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Abstract

Condensation models were introduced and developed particularly for the application in

the emergency cooling system of a Gen-III+ boiling water reactor. The emergency cooling

system consists of slightly inclined horizontal pipes, which are immersed in a cold water

tank. The pipes are connected to the reactor pressure vessel, and they are responsible for a

fast depressurization of the reactor core in case of accident; furthermore, for the continuous

cooling. During an accident scenario hot steam enters the pipes at the top of the reactor

pressure vessel and condenses on the colder walls, then flows downwards, where the outlet

of the pipe is connected to the vessel above the core level.

The condensation in horizontal pipes was investigated with both one-dimensional system

codes (RELAP5) and three-dimensional computational fluid dynamics codes (ANSYS FLU-

ENT). The performance of the RELAP5 code was not sufficient for transient condensation

processes; therefore, a mechanistic model was developed and implemented. The model

calculated the heat transfer coefficient in a cross section of the flow field considering local

parameters in the pipe. The model assumed a stratified flow pattern in the pipe with a

laminar liquid film on the upper part of the cross section and an axial turbulent flow at the

bottom of the pipe.

The modified RELAP5 code was used to calculate the Invert Edward Pipe experiment, which

consisted of a closed, slightly inclined horizontal pipe, resting in a cold water tank. The

fast pressurization of the pipe results in a highly transient condensation process on the

pipe walls. The simulation predicted well the pressure, void fraction and temperature data

for different initial conditions and different locations in the condensation pipe during the

transient condensation process. Furthermore, the COSMEA facility, a single tube experiment

for flow morphology and heat transfer studies, was simulated with the modified RELAP5

code. The calculations reproduced the experimental temperature and condensation rate

results for different initial pressure and mass flow rates.

Condensation phenomenon was analyzed using the volume of fluid multiphase method in
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the computational fluid dynamics code. The volume of fluid method solves a unique set of

continuity equations in the domain and models the two phases by tracking the interface

between them. Four models were developed and implemented into the FLUENT solver for

modeling phase change processes.

The first technique introduced a mass and energy transfer at the interface, if the temperature

of the corresponding cell was different from the saturation value. The equations, through

many iterations, achieved the correct boundary conditions at the interface. The second

method relied on the surface renewal theory. The theory assumed that the eddies, forming

on the liquid surface, are responsible for the transfer of the latent heat to the bulk liquid.

Therefore, the condensation rate depends on the turbulent velocity and length scale. The

third model solved the heat flux balance equation at the interface; hence, the resolution of

the thermal boundary layer in the linear region was necessary. The fourth technique was

derived from the phase field theory, which is a mathematical approach to calculate interface

related problems.

The four models were tested on the LAOKOON facility, which analyzed direct contact

condensation in a horizontal duct. The sensitivity study showed that the numerical iteration

technique and the phase field model fitted the best for the experimental results. The

COSMEA facility was simulated with the numerical iteration and the phase field models. The

simulations captured the developing geometry of the gas-liquid interface in the horizontal

pipe and the temperature distribution in the liquid film.

The computational fluid dynamics calculations were used to justify the assumptions of

the heat transfer coefficient calculation implemented into the RELAP5 code. The laminar

regime of the liquid film was verified at the upper part of the pipe cross section. The

distribution of the heat transfer coefficient on the wall calculated with the volume of fluid

multiphase method followed the smooth distribution demonstrated with the mechanistic

model.



Zusammenfassung

In dieser Arbeit werden Kondensationsmodelle für die Anwendung in Notkondensatorsyste-

men von Gen-III+ Siedewasserreaktoren vorgestellt und entwickelt. Der Notkondensator ist

ein passives Sicherheitssystem, das aus leicht gegen die Horizontale geneigten, in einem

Kühlbecken liegenden U-Rohren besteht. In einer Notsituation strömt Dampf aus dem Reak-

tordruckbehälter in die Rohre, kondensiert an den kalten Wänden und fliesst in den Reaktor

zurück. Dadurch wird der die Nachzerfallswärme aus dem Reaktor an das Kühlbecken

abgeführt, ohne dass ein zusätzlicher Kühlmittelverlust auftritt.

Die Kondensation von Wasserdampf wurde mit dem eindimensionalen Thermohydraulik-

programm (RELAP5) und der Methode der dreidimensionalen numerischen Strömungs-

mechanik (ANSYS FLUENT) modelliert.

RELAP5 konnte den Kondensationsvorgang unter stark transienten Bedingungen eines

als Testfall verwendeten Experiments nicht reproduzieren. Daher wurde ein verbessertes

mechanistisches Modell entwickelt und in RELAP5 implementiert. Unter Berücksichtigung

von lokalen Parametern berechnet dieses Modell einen Wärmeübergangskoeffizienten

entsprechend der im jeweiligen Strömungsquerschnitt vorliegenden Kondensatverteilung.

Hierzu wird eine stratifizierte Strömung angenommen, bei der ein laminarer Flüssigkeitsfilm

im oberen Teil des Querschnitts und ein Kondensatgerinne am Boden des Rohres vorliegen.

Die Nachrechnung des Testfalls dem modifizierten RELAP5 Code bestätigte eine wesentliche

Verbesserung gegenüber dem ursprünglichen Modell. Dabei handelt es sich um das soge-

nannte Inverse Edward-Pipe-Experiment, bei dem ein evakuiertes, leicht geneigtes, von

kaltem Wasser umgebenes Rohr plötzlich mit einem unter Druck stehenden Dampfkessel

verbunden wird. An der Innenwand des Rohrs wird dabei ein hochgradig transienter Kon-

densationsvorgang ausgelöst. Die Simulation lieferte eine gute Übereinstimmung des

Druckverlaufs sowie des Gasgehalts und der Temperatur an verschiedenen Positionen des

Rohrs für unterschiedliche Startbedingungen. Als zweiter Testfall wurden Experimente an

der Rossendorfer Anlage COSMEA hinzugezogen, bei der es sich um ein Einzelrohr mit

iii



iv

Kühlmantel handelt, das mit Thermoelementen und einem Röntgentomographen ausges-

tattet ist. Die Berechnungen mit dem modifizierten RELAP5 Code zeigen ebenfalls eine gute

Übereinstimmung mit experimentellen Temperaturdaten und Kondensationsraten.

Im zweiten Teil der Arbeit wurde das Kondensationsphänomen dreidimensional behan-

delt. Die Dynamik der Phasengrenze wurde mit Hilfe der Volume-of-Fluid (VOF)-Methode

simuliert. Sie beschreibt die zwei Phasen als Kontinuum, wobei der Volumenanteil die lokal

gültigen Stoffwerte bestimmt. Durch Lösung der Transportgleichung für den Volumenan-

teils wird die Gestalt und Ausdehnung der Zwischenphasengrenzfläche ermittelt. Für den

Phasenübergang wurden vier Modelle entwickelt und in den Solver des kommerziellen

CFD-Codes von FLUENT integriert.

Das erste Modell beschreibt den Energie und den Massentransport an der Grenzfläche als

Funktion von der Abweichung der Temperatur der betreffenden Zelle von der Sättigung-

stemperatur. Über einen Relaxationsansatz werden iterativ korrekte Randbedingungen an

der Phasengrenzfläche erreicht. Das zweite Modell basiert auf der Surface Renewal Theory,

die davon ausgeht, dass die turbulente Strömung der Flüssigphase für den Wärmetransport

an die Phasengrenzfläche verantwortlich ist. Dadurch definiert die Theorie eine Kondensa-

tionsrate, die vom Massstab der turbulenten Strukturen abhängig ist. Das dritte Modell löst

die Wärmeleitungsgleichung an der Grenzfläche. Hierzu muss die thermische Grenzschicht

im linearen Bereich aufgelöst werden. Das vierte Modell leitet sich von der Phasenfeldmeth-

ode ab, einem thermodynamischen Ansatz für Phasenübergänge oberflächenbezogene an

einer freien Oberfläche.

Die vier Modelle wurden anhand von Daten überprüft, die an der Versuchsanlage LAKOON

gewonnen wurden. Dabei handelt es sich um Kondensationsexperimente an einer freien

Oberfläche in einem horizontalen Kanal. Eine Sensitivitätsanalyse hat den Beweis erbracht,

dass der iterative Relaxationsansatz und die Phasenfeldmethode die experimentellen Re-

sultaten am besten wiedergeben. Kondensationsexperimente in einer Rohrleitung, der

Rossendorfer COSMEA Anlage, wurden ebenfalls mit diesen beiden Methoden nachgerech-

net. Es gelang die beobachteten Strömungsmuster im Rohr sowie die Temperaturverteilung

im Fluid und an der Wand in den Grenzen der Genauigkeit der Messung zu reproduzieren.

Die Ansätze zur Berechnung der Wärmeübergangskoeffizienten, die in RELAP5 imple-

mentiert wurden, konnten mittels dreidimensionaler Simulationen mit dem getesteten

CFD-Modell bestätigt werden. Die Annahme eines laminaren Kondensatfilms im oberen

Teil des Rohrquerschnitts wurde verifiziert. Die mit der VOF-Methode berechnete Verteilung

des Wärmeübergangskoeffizienten über den Umfang der Rohrleitung ist in guter Überein-

stimmung mit dem vereinfachten mechanistischen Modell.



Összefoglalás

A jelen doktori dolgozat témája kondenzációs modellek fejlesztése, elsősorban a harmadik

generációs forralóvizes reaktor passzív üzemzavari hűtőrendszerének vizsgálatára. Az

üzemzavari hűtőrendszer a vízszintessel kis szöget bezáró szárakkal rendelkező, U-alakú

csövekből áll, melyek hideg vizes hőcserélő medencébe merülnek. A csövek a reaktor-

tartályhoz csatlakoznak két ponton, így üzemzavar esetén a tartályban keletkezett vígőz a

kondenzációs csövekbe áramlik. A gőz lecsapódik a hőcserélők falán, majd a keletkezett víz

visszaáramlik a tartályba, így biztosítva folyamatosan a zónában keletkező remanens hő

elvonását.

A folyamat modellezését két megközelítésben, egydimenziós rendszerkód segítségével,

valamint háromdimenziós CFD kód segítségével végeztem el. A RELAP5 rendszerkód szol-

gált a kondenzációs hőátadás számolására vízszintes csövek esetén. A kód alkalmatlannak

bizonyult tranziens kondenzációs folyamatok számítására, ezért mechanisztikus mod-

ellt fejlesztettem és ültettem be a RELAP5 programba. A modell kiszámítja a kondenzá-

ciós hőátadási tényezőt a cső egy keresztmetszetében, figyelembe véve a lokális áramlási

paramétereket. A modell három áramlási zónát különböztet meg: az első a lamináris film

a cső felső részén, ahol a gőz lecsapódik a cső falára, a második a cső alján áramló tenge-

lyirányú turbulens víz, míg a cső közepén helyezkedik el a szintén tengelyirányban áramló

vízgőz.

A módosított RELAP5 program tesztelése az Invert Edwards Pipe (INVEP) kísérleti beren-

dezés számításával történt. Az INVEP berendezés egyik végén zárt, a vízszinteshez képest

kis szögben elhelyezkedő hőátadó csőből állt, mely egy hideg vizes tartályba merült. A cső

másik vége egy nagynyomású, vízgőzzel töltött tartályhoz csatlakozott. A kísérlet során erős

tranziens jelleget mutató kondenzáció ment végbe. A módosított RELAP5 program helye-

sen számította a lokális nyomást, a hőmérsékletet és a térfogati gőztartalmat a tranziens

lezajlása alatt, különböző kezdeti feltételek mellett. A kód, ezek mellett, szintén helyesen

számította a mért hőmérsékleteket és a kondenzáció mértékét a COSMEA berendezésen. A
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COSMEA berendezés egy vízszintes csőből áll, melyet hőátadás és áramlástani kísérletek

elvégzésére terveztek kondenzációs folyamatok mérésére.

A kondenzáció modellezése, az egydimenziós technika mellett háromdimenziós CFD kóddal

is történt. A volume-of-fluid (VOF) többfázisú áramlási technikát alkalmaztam az ANSYS

FLUENT program keretében. A VOF módszer a két fázis közötti határfelület követésén alapul.

A módszer a két fázis közös megmaradási egyenletrendszerével dolgozik, mely a gőztartalom

megmaradási egyenletével egészül ki. Az adott cella anyagi paraméterei a gőztartalom helyi

értékén alapulnak. A dolgozat keretében négy kondenzációs modellt fejlesztettem, melyek

segítségével fázisátalakulás számítható a VOF többfázisú technikával.

Az első modell a numerikus iterációs technika, mely tömeg- és hőátadást számol a határ-

felületi cellákban, amennyiben az adott cella hőmérséklete nem egyenlő a víz adott nyomás-

nak megfelelő forráspontjával. A második technika alapja, hogy a kondenzáció során leadott

hő elvezetésének sebességét a víz turbulenciája határozza meg, így a kondenzáció mértéke

a víz turbulenciájától függ. A harmadik modell a hőfluxus kontinuitási egyenletre épül a két

fázis közötti felületen. Az egyenlet a hőmérséklet gradiensétől függ, ezért a lineáris termikus

határréteg nagy pontosságú numerikus modellezése szükséges a számítások során. A ne-

gyedik technika a fázismező technikán alapul, mely egy matematikai módszer felületekkel

kapcsolatos problémák megoldására.

A négy modell tesztelése a LAOKOON kísérleti berendezés számításával történt. A LAOKOON

berendezés felületi kondenzáció mérésére alkalmas, melyben víz és gőz rétegesen áramlik

egy vízszintes vezetékben. A vizsgálat kimutatta, hogy a numerikus iterációs technika és a

fázismező modell adta a legjobb közelítést a kísérleti eredményekkel való összehasonlítás

után. A COSMEA berendezés számítása e két modellel történt, melyek sikeresen visszaadták

a csőben kialakuló áramlási képet, valamint a hőátadási tényező- és a hőmérséklet-eloszlást

a cső belső falán.

A CFD számítások alkalmasak arra, hogy a RELAP5 kódhoz hozzáadott mechanisztikus

hőátadási tényező számításakor figyelembe vett feltételezéseket és szempontokat igazolják.

A mechanisztikus modell által feltételezett áramlási kép, a cső felső részén található áramlás

lamináris, valamint a tengelyirányú áramlás turbulens jellege bizonyított. A hőátadási

tényező falfelületi eloszlása a mechanisztikus modell valamint a CFD számítás alapján

szintén azonos jelleget mutat.
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Introduction

Condensation is an important phenomenon in many engineering applications. Phase

change processes are efficient ways of heat removal, as the latent heat of condensation and

boiling provides high heat transfer coefficients. The calculation of the heat transfer in phase

change processes is crucial for designing heat exchangers.

The currently constructed and designed nuclear power plants satisfy higher safety standards

due to the intense use of passive safety systems. Passive safety systems operate without

external power supply or operator intervention, only relying on physical phenomena, such

as natural circulation and gravity driven flows. New heat exchanger designs are applied

for emergency core cooling and heat removal from the containment. While classical heat

exchangers are optimized for high plant efficiency, the passive components like emergency

condensers and containment cooling condensers have to be optimized for a wider range of

operation parameters during the progression of an accident.

In the nuclear industry one-dimensional system codes are prevailing to simulate entire

nuclear power plants and to analyze the reliability of the safety systems. However, three-

dimensional techniques, such as computational fluid dynamics, gain more attention par-

ticularly for studies of complex multiphase phenomena. The two approaches are not

interchangeable, the use and the development of both simultaneously helps to improve the

simulation possibilities for power plants and big components.

Widely used representatives of one-dimensional simulation tools are the codes RELAP5 and

TRACE, developed by the U.S.NRC. These codes are able to capture most of the phenomena

occurring in the power plant; however, it is part of the safety philosophy to permanently

question and improve the performance of these tools.

The computational fluid dynamics codes provide an efficient and powerful way to simulate

single components in the power plant. These codes solve the continuity equations of

the fluid in a three-dimensional domain using finite volume methods. The consideration

of the three dimensions helps to better understand the flow behavior and heat transfer

processes. However, modeling of two phase flows, in particular with phase change, is leading

to computationally intense calculations. Therefore, the simulation of phase change heat
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2 Introduction

transfer remains a challenge in computational fluid dynamics.

In this thesis condensation models are introduced and evaluated and the application of

these models to the emergency cooling system is discussed [1]. The emergency condenser

of the KERENA reactor, serving as a passive device for depressurization and decay heat

removal, is equipped with a bundle of horizontally oriented or slightly inclined tubes, which

are immersed in a cold water tank. The pipes are connected to the reactor pressure vessel.

During an accident scenario hot steam enters the pipes at the top of the reactor pressure

vessel and condenses on the colder walls, then flows downwards, where the outlet of the

pipe is connected to the vessel above the core level.

The condensation in horizontal pipes was investigated with both one-dimensional system

codes (RELAP5 and TRACE) and three-dimensional computational fluid dynamics codes

(ANSYS FLUENT). The performance of the RELAP5 code was not sufficient to reproduce the

experimental data for fast transient condensation processes; therefore, a mechanistic model

was developed to calculate the heat transfer coefficient in a cross section of the flow field,

considering local parameters in the pipe. The model was implemented into the RELAP5

and the modified code was validated against two experimental facilities.

Computational fluid dynamics calculations were done on condensation, using the volume

of fluid multiphase method in the FLUENT code. The volume of fluid method solves a set of

continuity equations and simulates the two phases by tracking the interface between them.

The method is highly efficient for multiphase flows with well defined interfaces; however,

the FLUENT code does not have a phase change model implemented for the volume of fluid

multiphase method. Therefore, four models were developed and implemented into the

FLUENT solver for simulating phase change processes. A sensitivity study of the parameters

and the validation of the models were done by simulating an experiment on direct contact

condensation. Furthermore, the computational fluid dynamics calculations were used to

justify the assumptions of the heat transfer coefficient correlation, which was implemented

into the RELAP5 code.

It was demonstrated that both the one-dimensional and three-dimensional approaches

are suitable to simulate the condensation in horizontal pipes. If the flow field is in a

one-dimensional duct, the system code approach is preferable due to the high demand

of computational resources of the three-dimensional calculation. However, to estimate

the heat transfer coefficient, the cross sectional flow pattern, which is an information

of an other dimension, is important even in one-dimensional calculations. The three-

dimensional CFD calculations provide insights to the details of the velocity and temperature

distribution, whenever the flow field is two or three-dimensional. The applied models

contain less empirical parameters, they are more robust; moreover, they do not depend

on the initial geometry as these models calculate the condensation rate on the cell level.

The developed models for the FLUENT code are suitable not only for condensation, but

for boiling phenomenon as well, and they do not depend on the calculated geometry.

Whenever the flow is three-dimensional, the computational fluid dynamics code, with
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the implemented phase change models, provide a tool for a better understanding of the

processes.

The thesis is organized in six chapters. Chapter 1 introduces the KERENA reactor concept

and the emergency condenser system, which motivated the project. The introduction to

the RELAP5 code, the FLUENT code and a literature review for both methods is provided.

The first chapter ends with a review of the simulated experimental facilities. Chapter 2

shows the model development for the heat transfer coefficient correlation for condensation

in horizontal pipes. The models for the computational dynamics codes are described

in Chapter 3. The theory of the models and the implementation details are presented.

Chapter 4 contains the results for the RELAP5 calculations; whereas, Chapter 5 presents

the results for the FLUENT calculations. All chapters have a conclusion section, which

helps the understanding of the achievements of the given chapter. Finally, an overview and

conclusion of the entire work is provided in the last chapter of the thesis.





1 Literature review

The current PhD project aimed at analyzing condensation in horizontal pipes. Two simu-

lation approaches were applied: one-dimensional system codes and computational fluid

dynamics. This chapter summarizes the literature review, which preceded the development

and implementation of condensation models for both techniques.

Section 1.1 highlights the motivation for the PhD project, providing details about the emer-

gency core cooling system of the KERENA reactor. Section 1.2 gives insights to the thermal-

hydraulic modeling with one-dimensional system codes. The RELAP5 code, which was

chosen to calculate the heat transfer in horizontal pipe condensation, is introduced, fo-

cusing on the heat transfer calculation. The heat transfer calculation of the TRACE code,

which was, too, applied for condensation calculation, is summarized. The literature review

of the next section provides details about the state-of-the-art for condensation modeling in

one-dimensional codes.

The RELAP5 code was chosen as a main tool of this thesis because it is used by the developer

of the KERENA reactor AREVA. The company possesses an own version of RELAP which

was upgraded by boiling water reactor models (sRELAP). Furthermore, the analyses were

extended to TRACE, because it is a widespread successor of RELAP. In Switzerland, input

decks of all operated nuclear power plants are available for TRACE.

Section 1.3 follows a similar outline to Section 1.2, introducing the FLUENT flow equations,

the volume of fluid multiphase method and summarizing the literature on phase change

modeling with computational fluid dynamics. Section 1.4 describes the three experimental

facilities, which were used for code validation.

1.1 The KERENA reactor concept and the emergency

core cooling system

The key features of nuclear reactor development classify the nuclear reactors in four genera-

tions (Fig. 1.1) [2]. Each generation represents a technical improvement compared to the

previously constructed power plants.
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6 Chapter 1. Literature review

The first generation of reactors were developed between 1950-1970, and they were the

prototype and power reactors which introduced the nuclear energy to public use and power

generation. The first reactor, which produced electricity for the public energy supply, was

built in Obninsk, Russia (AM-1, Atom Mimy or peaceful atom). The reactor was connected

to the grid on 27 June, 1954, and it operated for 48 years. The first commercial power plant

in the USA started to operate in 1957 in Shippingport, and it was a pressurized water reactor.

The developers experimented with several cooling and moderator materials, such as gas

cooled (Magnox, UK), with an intent on using natural uranium fuel. These reactors operated

for 20-40 years, the last operating first generation reactor, the Wylfa Magnox reactor in

Great-Britain, will retire in December 2015.

The economical and safe concepts from the Gen-I reactor family were developed further,

and the improved reactor designs were grouped as Gen-II reactors. The majority of these

plants started to operate between 1970-1990 with light water moderator and enriched

uranium fuel. These reactors allowed the serial construction and the development of the

today’s fleet of nuclear power plants. Owing to the intense lifetime-extension projects (see

e.g. [3]), most of the Gen-II reactors are still on the grid today, and will be shut down between

2015-2030.

Generation-III/III+ reactors are advanced water cooled reactors, resulted from the evolution

of the Gen-II concepts. They feature standardized design, advanced fuel technology, longer

lifetime and higher availability. An increased safety standard is achieved by passive safety

systems and by the implementation of measures and systems to limit the consequences

of a severe accident to the plant site. The Gen-III/III+ reactors are the currently built and

available commercial power plants.

Figure 1.1: Evolution of reactor generations

The Gen-IV reactors are the future nuclear power plants, which have fundamentally different

design [4]. The concepts aim at sustainable energy generation, enhanced safety, improved

economics and some of them feature closed fuel circle. Six reactor designs are currently un-

der research and development, leading by the Generation IV International Forum (GIF) [5].
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Another direction of research and development, the commercial fusion reactors will not

operate until 2050. The ITER design, currently under construction in Cadarache, France,

intents on demonstrating the feasibility of fusion technology for peaceful purposes [6].

The KERENA (SWR-1000) boiling water reactor, developed by AREVA, is a Gen-III+ nuclear

reactor design [1]. The KERENA reactor acquires the advantages of a Gen-III+ reactor

concept, as it is economically efficient due to the simple operational and configuration

design and the passive safety control. The power generation of the power plant is 1250 MWe

and has a lifetime of 60 years. The main feature of the reactor concept is the extensive use

of passive safety systems, which reduces the costs and increases the safety level of the plant.

KERENA features a combination of three redundant active safety systems with one passive

system, which consists of four independent redundant strands (Fig. 1.2). Three of them are

sufficient to bring the reactor in a safe state after an accident, as well as each strand of the

active safety system. This approach is unique among all GEN-III concepts on the market

today.

Figure 1.2: The KERENA containment with the passive safety systems [1]

Passive safety systems are driven by basic laws of physics; thus, they operate without external

electric power and active control system. They are designed such that the power plant is

brought to a stable state during accident automatically. The KERENA has independent

passive safety systems:

• emergency condensers: depressurization and passive heat removal from the reactor

pressure vessel if the water level drops;
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• containment cooling condensers: passive heat removal from the containment by

condensation on the external surface of inclined horizontal pipes. The heat is trans-

ferred to the storage pool, which serves as shielding a repository for activated reactor

internals during refueling and maintenance and it is located above the primary con-

tainment;

• core flooding pool: the pool is connected to the reactor pressure vessel by flooding

lines, which have self-actuating check valves. After the depressurization of the reactor

pressure vessel, the cooling water from the flooding pool flows into the reactor driven

by gravity. The pool also acts as a heat sink for the emergency condensers; furthermore,

the condensed water from the containment cooling condensers flows into the pool;

• passive pressure pulse transmitters: the pressure level drop in the reactor pressure

vessel causes an increased pressure on the secondary side of the passive pressure pulse

transmitters, initiating safety related switching operations (reactor scram, automatic

depressurization, containment isolation).

The emergency condensers are responsible for the depressurization and cooling of the

reactor pressure vessel in an accident scenario (Fig. 1.3). The condensers are activated by a

water level drop in the reactor pressure vessel. The condenser system consists of a U-tube

pipe system, which are in slightly inclined horizontal orientation. The tubes are connected

to the pressure vessel at two locations, and they operate on the principle of communicating

vessels. The water level drop in the reactor pressure vessel causes a water level drop in the

emergency condensers, and steam enters the horizontal U-tubes. The pipes are immersed

in a core flooding pool; hence, the steam condenses on the colder pipe walls, as heat is

transferred to the flooding pool. The condensate flows back to the reactor pressure vessel

due to the inclined position of the condensers.

Figure 1.3: The operation scenarios of the emergency core cooling system of the KERENA
reactor

The Integral Test Facility Karlstein (INKA) was built to test the passive safety systems of

the KERENA reactor. The emergency condenser, the containment cooling condenser, the
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passive core flooding and the passive pressure pulse transmitter systems were built in full

high and level scale, the volume scaling was 1:24 to the KERENA containment [7]. Full-scale

single component tests were done on the facility, and the pre-test calculations were done

with the RELAP5 system code in the Paul Scherrer Institute [8],[9]. The comparison of the

post-test calculations and experimental results showed that RELAP5 correctly captured the

important phenomena in the emergency condensers; furthermore, it could reproduce the

heat transfer from the emergency core cooling system to the containment pool [8]. Further

proposals were made for test specification, based on integral pre-test calculations of the

INKA Experiments [9].

The current PhD project continues the efforts on simulating the emergency condenser of

the KERENA reactor concept in the project together with AREVA and HZDR research center.

The analysis goes into the details of condensation modeling with both one-dimensional

system codes and three-dimensional computational fluid dynamics. The following sections

introduce the codes used in this thesis, and the experimental facilities which provided

measurement results to validate the developed condensation models.

1.2 Thermal-hydraulic modeling with one-dimensional

system codes

One-dimensional thermal-hydraulic system codes are used in nuclear industry to calculate

the efficiency of the reactor cooling system during normal operation and transient scenarios.

These codes can simulate the parts of a nuclear reactor, e.g. the pipe system, downcomer,

pressurizer, turbines. The tools were developed mainly for water-cooled reactors and

they can calculate the state of the two-phase mixtures of water and steam in all relevant

phenomena for nuclear reactor safety. The state of the art of the one-dimensional thermal-

hydraulic system codes is the two-fluid, six-equation model. The mass, momentum and

energy equations are coupled and solved with a set of constitutive laws describing the

interaction of the phases with each other and with the walls. The velocities of the fluids are

directed according to the orientation of the calculation cell, which information is given by

the user in the input deck. This is different from CFD codes, where the direction of the local

velocity vector is a result of the momentum equation.

The development of system codes runs parallel in different countries. The RELAP5 [10]

and TRACE [11] codes are developed by the U.S.NRC, the CATHARE code is developed in

France [12], the ATHLET in Germany [13], and the APROS in Finnland [14]. In this thesis, the

RELAP5 code was used as a main tool, and the results were compared to TRACE calculations

as well. Accordingly, this section introduces the RELAP5 code, focusing on the general

description of the flow field calculation and the heat transfer phenomena between the

liquid and vapor phases [10]. The phase change models of both RELAP5 and TRACE are

introduced. Section 1.2.3 provides the literature review on modeling condensation with

one-dimensional codes.
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1.2.1 The RELAP5/mod3.3 code

The first version of the RELAP codes was published in 1966, under the name RELAPSE [15].

The RELAP name (Reactor Excursion and Leak Analysis Program) appeared in 1968 with the

RELAP2 code. The homogeneous equilibrium model was used, which assumes an equal

velocity, temperature and pressure field for the two phases (see e.g. [16]). The RELAP5 code,

which was released in 1982, contained a two-fluid, non-equilibrium, six-equation model.

The RELAP5/mod3.3 was released in 2001 as the latest modification [15].

The RELAP5/mod3.3 is coded in a modular top-down structure using FORTRAN 77. Sep-

arate subroutines are responsible for the models and subtasks in the code. The coding

structure supports the straightforward replacement of old models by changing the corre-

sponding subroutine [17].

The flow field equations in RELAP5

The RELAP5 code uses the one-dimensional two-fluid approach for simulating the steam–

water mixture. The six-equation model determines the energy and velocity field for both

phases balancing mass, momentum and energy. The conservation equations are coupled by

a large system of constitutive laws describing the energy and momentum exchange between

the two phases and the walls. An instantaneous void fraction indicates the presence of the

vapor in the corresponding location. This approach is also called as an interpenetrating

media approach [18].

The code allows the presence of non-condensable gases in the vapor phase and soluble

components in the liquid phase (e.g. boron). These substances obtain the same velocity

and temperature as the phase they are embedded in.

The interpenetrating approach generally does not model the stucture of the interfaces or

its surface. The local interfacial area concentration is the area for mass, momentum and

energy transfer between the phases. The flow equations are solved by time and volume

averaged flow parameters, consequently the topology of the phases is lost. The phenomena,

which depend on the local flow pattern or transverse gradients, are calculated by empirical

correlations.

The state variables in the RELAP5 code are the pressure (P ), the internal energies (Ug and

Ul ), the phasic velocities (vg and vl ), and the void fraction (ε). The non-condensable gas

quality (Xn) is a dependent variable as well, when non-condensable gas is present. The

time (t) and the distance (x) are the two independent variables. In the thesis, subscripts

indicate the gas (g ) and liquid (l ) phases, and the interface (i ) and the wall (w), saturation

conditions (s), condensation (c) or boiling (b). The gas is distinguished from the vapor (v)

in the thesis, whereas the gas expression allows the presence of non-condensable in the

phase, and the vapor assumes pure vapor of the corresponding liquid (mainly water and

steam). The superscripts are dedicated to the fluid regions at the wall (W ) and the bulk (B).

The material properties are the density (ρ), enthalpy (h, details in Table 1.1), latent heat of
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phase change (hlv), dissipation terms (DISS). The mass sources are indicated by the sign

Γ, whereas the S sign shows other source terms. The geometry of the node is represented

by the node cross section area (A) in the equations. The heat exchange rate between the

phases, or fluid and surfaces is indicted by Q, with the corresponding subscripts.

Two continuity (Eq. 1.1, Eq. 1.2), momentum (Eq. 1.3, Eq. 1.4) and energy (Eq. 1.5, Eq. 1.6)

equations are defined for the two phases:

∂

∂t

(
εgρg

)+ 1

A

∂

∂x

(
εgρg vg A

)= Γg , (1.1)

∂

∂t

(
εlρl

)+ 1

A

∂

∂x

(
εlρl vl A

)= Γl , (1.2)

εgρg A
∂vg

∂t
+ 1

2
εgρA

∂v2
g

∂x
=−εg A

∂P

∂x
+Γg A(vgi − vg )+Smom,g , (1.3)

εlρl A
∂vl

∂t
+ 1

2
εlρA

∂v2
l

∂x
=−εl A

∂P

∂x
+Γl A(vli − vl )+Smom,l, (1.4)

∂

∂t

(
εgρgUg

)+ 1

A

∂

∂x

(
εgρgUg vg A

)=−P
∂εg

∂t
− P

A

∂

∂x
(εg vg A)

+Qwg +Qig +Γig h∗
g +Γw h′

g −Qgl +DISSg , (1.5)

∂

∂t

(
εlρlUl

)+ 1

A

∂

∂x

(
εlρlUl vl A

)=−P
∂εl

∂t
− P

A

∂

∂x
(εl vl A)

+Qwl +Qil −Γig h∗
l −Γw h′

l +Qgl +DISSl . (1.6)

The right hand side of the equations are the mass, momentum and energy sources, re-

spectively. The force terms of the momentum equations (Eq. 1.3, Eq. 1.4) are the pressure

gradient, the momentum transfer due to interface mass transfer and additional term (Smom),

which include body force, wall friction, interface frictional drag and force due to virtual

mass. For more details on the momentum source see the RELAP5 manual [15].

The derivation of the one-dimensional equation system can be found in the literature

(e.g. [19], [16]). The system equations are solved using a semi-implicit finite-difference

technique [15].

The closure equation for the mass continuity does not allow mass source or sink; therefore,

the sum of the liquid and gas generation has to be zero (Eq. 1.7):

Γl +Γg = 0. (1.7)

The RELAP5 code defines two types of mass transfer: Γig is the mass transfer at the gas–

liquid interface in the bulk fluid, whereas Γw is a mass transfer at the gas–liquid interface in
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the boundary layer close to the wall (Eq. 1.8) [15]. The Γw term results from the wall heat

transfer computation:

Γg = Γig +Γw . (1.8)

The heat transfer terms in the energy equations include the interface (Qi ) and the wall

(Qw ) heat exchange. The heat transfer at the interface between the gas and liquid (Qgl) is

calculated if non-condensable gas is present. The energy dissipation function (DISS[W /m3])

is the sum of wall friction and pump effects.

The proper choice of the specific enthalpies ensure that the interface temperature remains at

saturation temperature (Table 1.1). The choice depends on whether condensation or boiling

is calculated. The disappearing phase has an enthalpy of the corresponding temperature,

the appearing phase has the enthalpy of the saturation temperature.

Table 1.1: Specific enthalpies for boiling and condensation in RELAP5

Boiling and isothermal Condensation

h∗
g hg (Ts)1 hg (Tg )

h∗
l hl (Tl ) hl (Ts)

h′
g hg (Ts) hg (Tg )

h′
l hl (Tl ) hl (Ts)

∗ Enthalpy associated with bulk interface mass transfer
′ Enthalpy associated with boundary layer interface mass transfer

1 The ’s’ subscript means saturation.

Mass and energy transfer in the energy conservation equation

The RELAP5 code considers the boiling and condensation phenomena by introducing

sources in the energy and the mass equations. The code allows superheated and subcooled

states for both phases. The subcooling of either phase contributes to condensation; similarly,

the superheating contributes to boiling. The phase change processes assume that the phases

cool down or heat up to the saturation temperature of the corresponding partial pressure of

the steam, where mass and energy transfer occurs. This boundary condition is achieved by

using the enthalpies of Table 1.1.

RELAP5 distinguishes between two types of heat transfer processes in the energy equations

(Eq. 1.5, Eq. 1.6). The wall heat transfer (Qw ) provides energy directly to the liquid or vapor

phase, and phase change can occur without temperature difference between the two phases.

The total wall heat transfer is the sum of the gas–wall and liquid–wall heat transfer (Eq. 1.9):

Qw =Qwg +Qwl. (1.9)

The second type of heat transfer occurs at the interface between the two phases, if the vapor

and liquid temperatures differ. The energy exchange (Qi ) between the two phases in the

bulk fluid (QB
i ) and in the boundary layer close to the wall (QW

i ) are considered (Eq. 1.10
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and Eq. 1.11). The mass and energy transfer rates are determined from the heat balance at

the interface between the two phases:

Qig =QB
ig +QW

ig , (1.10)

Qil =QB
il +QW

il . (1.11)

The bulk interface heat transfer happens at the saturation temperature (Ts), and it is calcu-

lated by the corresponding heat transfer coefficient (α) and phase temperature (Eq. 1.12-

1.13):

QB
ig =αig

(
Ts −Tg

)
, (1.12)

QB
il =αil (Ts −Tl ) . (1.13)

The sum of the energy equations (Eq. 1.5-1.6) is the mixture energy equation. The interface

heat transfer terms are equal to zero (Eq. 1.14) because mass and energy storage is not

allowed:

QB
ig +QB

il +QW
ig +QW

il +Γig

(
h∗

g −h∗
l

)
+Γw

(
h′

g −h′
l

)
= 0. (1.14)

This equation represents the total interface energy transfer. The first two terms are the bulk

heat transfer terms, the second two are the wall heat transfer terms, whereas the fifth term

is the interface latent heat in the bulk, the last term is the interface latent heat near the wall.

Equation 1.14 can be separated into two parts, as both energy exchange terms of the bulk

interface and the boundary layer interface sum up to zero independently (Eq. 1.15 and

Eq. 1.16, substituting Eq. 1.12-1.13):

αig
(
Ts −Tg

)+αil (Ts −Tl )+Γig

(
h∗

g −h∗
l

)
= 0, (1.15)

QW
ig +QW

il +Γw

(
h′

g −h′
l

)
= 0. (1.16)

The appearing phase has saturation enthalpy; therefore, in Eq. 1.16 the gas–wall interface

heat transfer is zero (QW
ig = 0) for condensation. Similarly, the liquid–wall interface heat

transfer is zero (QW
il = 0) for boiling. The interface energy transfer terms (Eq. 1.17-1.18) are

calculated by substituting this expressions and Eq. 1.12-1.13 into Eq. 1.10-1.11. The φ factor

is equal to −1 for condensation and 1 for boiling:

Qig =αig
(
Ts −Tg

)− 1−φ
2

Γw

(
h′

g −h′
l

)
, (1.17)

Qil =αil (Ts −Tl )− 1+φ
2

Γw

(
h′

g −h′
l

)
. (1.18)

The interface vaporization or condensation rate in the bulk (Eq. 1.19) is calculated from
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rearranging Equation 1.15:

Γig =−αig
(
Ts −Tg

)+αil (Ts −Tl )

h∗
g −h∗

l

. (1.19)

Equation 1.19 is substituted into Eq. 1.8, obtaining the total mass transfer in the continuity

equation (Eq. 1.20):

Γg =−αig
(
Ts −Tg

)+αil (Ts −Tl )

h∗
g −h∗

l

+Γw . (1.20)

The mass transfer term near the wall has a condensation mass transfer and a boiling (flush-

ing) mass transfer part (Eq. 1.21):

Γw = Γc +Γb . (1.21)

The energy equations are reformulated (Eq. 1.22-1.23) by substituting Eq. 1.10-1.11, Eq. 1.21

and using the following expressions: Qb =−QW
il and Qc =−QW

ig ; consequently:

∂

∂t

(
εgρgUg

)+ 1

A

∂

∂x

(
εgρgUg vg A

)=−P
∂εg

∂t
− P

A

∂

∂x
(εg vg A)

+Qwg +QB
ig −Qc +Γig h∗

g +Γbh′
g +Γc h′

g −Qgl +DISSg , (1.22)

∂

∂t

(
εlρlUl

)+ 1

A

∂

∂x

(
εlρlUl vl A

)=−P
∂εl

∂t
− P

A

∂

∂x
(εl vl A)

+Qwl +QB
il −Qb −Γig h∗

l −Γbh′
l −Γc h′

l +Qgl +DISSl . (1.23)

Figure 1.4 illustrates the heat transfer process and the sources of the energy equation.

The wall heat transfer correlation package of RELAP5 determines the mass transfer sources.

The heat fluxes (q ′′
g and q ′′

l ) cause energy transfer from the wall (Eq. 1.24-1.25). The flux is

calculated by the area of wall heat transfer (A) and the volume of the node (V ):

Qwg = 1

V
q ′′

g A, (1.24)

Qwl =
1

V
q ′′

l A. (1.25)

The condensation and boiling mass transfer near the wall is calculated by the heat flux and

the factor (m), which is determined by the heat transfer correlation package (Eq. 1.26-1.27):

Γc = mg ·q ′′
g , (1.26)

Γb = ml ·q ′′
l . (1.27)
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l
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Figure 1.4: Sources in the energy equations: the energy transfer from the wall (Qw ) is divided
into wall–gas (Qwg ) and wall–liquid (Qwl) energy transfer. RELAP5 assumes that part of
this heat goes directly to the liquid–gas interface close to the wall, causing mass transfer
between the phases. Boiling (Qb) and condensation (Qc ) are considered independently. The
energy and mass transfer far from the wall in the bulk fluid (QB ), and a direct heating (Qgl)
of the interface between the non-condensable gas and liquid are calculated.

The energy transfer of boiling and condensation is equal to the latent heat of phase change

(Eq. 1.28). The energy is transferred directly to the liquid–vapor interface, resulting in mass

transfer between the phases:

Qb,c = Γb,c

(
h′

g −h′
l

)
. (1.28)

Condensation heat transfer model in RELAP5

The energy equations (Eq. 1.22-1.23) introduce three types of mass transfer processes

between the gas and the liquid phase. The bulk energy and mass transfer is a result of direct

contact between the phases, when the gas or the liquid phase is subcooled or superheated.

Condensation or boiling can occur near the wall when heat flux is present at the wall (e.g.

the wall temperature differs from the saturation temperature) (Fig. 1.4). This section focuses

on the wall heat transfer models in RELAP5 [10].

The wall heat transfer coefficient is calculated when a convective boundary condition is set

at the wall. The general expression for the total heat flux from the wall includes the heat

transfer to the gas and liquid (Eq. 1.29):

q ′′
total =α

g
g

(
Tw −Tg

)+αg
s (Tw −Ts(Pt ))+αg

p
(
Tw −Ts(Pp )

)
+αl

l (Tw −Tl )+αl
s (Tw −Ts(Pt )) . (1.29)

The equation considers five heat transfer mechanisms depending on the reference tempera-

ture of the fluid. The heat flux depends on the temperature difference between the wall and

the reference temperature. Usually only one of the heat transfer coefficients is not zero:
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• convective heat transfer to non-condensable–steam mixture (αg
g ), the reference tem-

perature is the gas temperature (Tg );

• heat transfer to the gas (αg
s ), the reference temperature is the saturation temperature

of the total pressure Ts(Pt );

• heat transfer to the gas (αg
p ), the reference temperature is the saturation temperature

of the steam partial pressure (Ts(Pp ));

• heat transfer to the liquid (αl
l ), the reference temperature is the liquid temperature

(Tl );

• heat transfer to the liquid (αl
s) the reference temperature is the saturation temperature

of the total pressure (Ts(Pt )).

The wall heat transfer mode depends on the wall temperature, the void fraction and the non-

condensable gas quality (Xn). Condensation heat transfer occurs when the wall temperature

is below the saturation temperature of the steam partial pressure, the void fraction is higher

than 10%, and the gas phase contains steam. Below 10% void fraction condensation is still

possible due to the interfacial mass transfer. Boiling occurs when the wall temperature is

higher than the saturation temperature of the total pressure, and liquid is present in the

calculation node.

All other scenarios result in convection heat transfer, which is calculated by the Dittus-

Boelter correlation [20]. Figure 1.5 shows the selection mechanism for the heat transfer

calculation in RELAP5.

START

Tw <
Ts(Pp )

εg > 0.1

Xn < 0.999

Condensation

Tw >
Ts(Pt )

εg < 0.999

Boiling

Single phase
liquid con-

vection

Air-water
mixture

convection

Single phase
liquid con-

vection

Single phase
vapor con-

vection

n n

nn

n

y

y

y

y

y

Figure 1.5: Selection process of the wall heat transfer mode in RELAP5
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The CONDEN subroutine is called, if the flow conditions fulfill the requirements of wall

condensation heat transfer. The total heat flux equation (Eq. 1.29) is reduced to one com-

ponent, in which αc corresponds to αg
p and the saturation temperature corresponds to the

saturation temperature at the steam partial pressure in the bulk (Eq. 1.30):

q ′′
total =αc (Tw −Ts) . (1.30)

The RELAP5 code calculates the wall heat flux to the liquid (Eq. 1.31):

q ′′
l =αc (Tw −Tl ) . (1.31)

The heat flux to the gas is calculated as a difference between the total and the liquid heat

flux (Eq. 1.32). This value is used to calculate the mass transfer near the wall (Eq. 1.26):

q ′′
g = q ′′

total −q ′′
l . (1.32)

The CONDEN subroutine calculates the condensation heat transfer coefficient (Eq. 1.30).

The applied correlation depends on the pipe inclination angle (θ) and the non-condensable

gas quality (Fig. 1.6). The correlations are valid for fully developed flow regimes.

The heat transfer coefficient for horizontal pipes is calculated by the Chato correlation [21].

The maximum value of the turbulent Shah [22] and laminar Nusselt correlations [23] is

applied for vertical or inclined pipes. The Colburn-Hougen correlation [24] is a default

method to calculate the non-condensable gas effect, the Nusselt UCB model is an alternative

model [25], which is based on the U. C. Berkeley single tube condensation studies [26].

The condensation models are used if the void fraction is higher than 30%. A smooth

transition to the Dittus-Boelter single phase correlation is ensured by a void fraction ramp

between the void fraction values of 10% and 30%.

Dittus Boelter correlation

The Dittus-Boelter correlation for single phase turbulent flow convection calculates the

Nusselt number (Eq. 1.33) as a function of the Reynolds number and the Prandtl number.

Constants C = 0.023 and n = 0.4 are coded in RELAP5:

Nu =C ·Re0.8Prn . (1.33)

For the single phase laminar flow regime, the correlation of Sellars, Tribu and Klein [27] is

used, which neglects the effect of the variable fluid properties on the heat transfer coefficient.

It uses a constant value: Nu= 4.36.

Nusselt correlation

The Nusselt correlation (Eq. 1.34) is used for film condensation on vertical surfaces [23]. It
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Figure 1.6: Flowchart of the CONDEN subroutine, including the condensation correlations
for non-condensable (NC)–steam mixture. UCB stands for the experimental setup, where
the correlation was derived [26].

contains the thermal conductivity (λ) and the film thickness (δ):

αNu = λl

δ
. (1.34)

The film thickness (Eq. 1.35) is calculated from the dynamic viscosity (µ), the mass flow rate

of the liquid, the density and the gravitational acceleration (g ):

δ=
(

3µlΓl

gρl∆ρ

) 1
3

. (1.35)

Shah correlation

The Shah correlation [22] is used for turbulent film condensation (Eq. 1.36):

αSh =αsf

(
1+ 3.8

Z 0.95

)
. (1.36)

The parameters define the followings:
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• Z = ( 1
X −1

)0.8
(P/Pcritical)

0.4;

• X is the static vapor quality, i.e. the ratio of the mass of steam and non-condensable

gas mixture divided by the total mass;

• αsf =α1 (1−X )0.8 : superficial heat transfer coefficient;

• α1 = 0.023 λl
Dh

Re0.8Prn : Dittus-Boelter coefficient, assuming that all fluid is liquid, and

using the hydraulic diameter (Dh).

Chato correlation

For condensation in horizontal pipes, the RELAP5 code uses the Chato correlation (Eq. 1.37).

The correlation is based on the classical Nusselt formula. A constant multiplicative factor (F )

is used to correct the original correlation with the effect of the thicker water flume at the

bottom of the tube. The correlation assumes a film condensation on the tube wall; the

condensate collects at the bottom part of the tube due to the gravitational force. In the code

the constant value F = 0.296 is coded. The Chato correlation neglects the local flow pattern

and void fraction:

αCh = F · gρl∆ρhlvλ
3
l

Dhµl (Ts −Tw )
. (1.37)

Colburn-Hougen correlation

The non-condensable gas effect is calculated by the Colburn-Hougen method [24]. The

correlation was developed for the RELAP5/mod2 code, and it is based on the work of Colburn

and Hougen. The correlation uses an iterative process to calculate the liquid–gas interface

temperature, if non-condensable gas is present in the gas phase. The model is based on the

energy conservation principle. The heat flux due to condensation can be calculated by the

gas–steam (Γm) mass flux and the latent heat of condensation (hlv) (Eq. 1.38), where the

density is the saturated vapor density:

q ′′
g = hlv ·Γmρg ln

1−Pvi/P

1−Pvb/P
. (1.38)

The mass transfer coefficient is calculated by empirical correlations. For turbulent vapor

flow, the Gilliand correlation (Eq.1.39); for natural convection, the Churchill-Chu correlation

(Eq.1.41); and for laminar flow the Rohsenow-Choi correlation (Eq.1.40) is used [10]:

Sh = 0.023Re0.83
g Sc0.44, (1.39)

Sh = 4.0, (1.40)
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Nu =

0.825+ 0.387Ra1/6[
1+ (0.492

Sc

)9/16
]8/27


2

. (1.41)

The following expressions were used:

• Sherwood number (mass transfer Nusselt number): Sh= ΓmDh/Dn ,

• Schmidt number: Sc=µv /ρv Dv ,

• Dh is the hydraulic diameter, Dn and Dv is the non-condensable and vapor mass

diffusivity.

• Nusselt number (Nu),

• Rayleigh number: Ra= GrLD·Sc,

• Grashof number: Gr=
(
ρB

m

)2
g |ρW

m −ρB
m|L3

(µW
m )2

ρW
m

,

• where m stands for the non-condensable gas–steam mixture, W stands for the wall, B

for the bulk region.

The mass diffusivity of a non-condensable gas is calculated from the equation of Fuller,

Scettler and Giddings [10].

The heat flux from the liquid film to the wall (Eq. 1.42) is equal to the condensation heat

flux at the liquid interface:

q ′′
l =αc (Tvi −Tw ) . (1.42)

An iteration process finds the proper heat transfer coefficient value by satisfying the energy

balance principle.

The above introduced heat transfer mechanism is a state of the art method for system

codes. Other system codes, as well, use the same set of conservation equations; however,

the applied correlations for heat transfer processes differ. The next section summarizes the

heat transfer coefficient correlations for the TRACE code, which was also used in this thesis.

1.2.2 Condensation heat transfer model in TRACE

The U.S.NRC decided in the mid 1990’s to develop a thermal hydraulic system code called

TRACE (TRAC/RELAP Advanced Computational Engine) which includes the capabilities of

the previously maintained codes (RELAP5, RAMONA, TRAC-P and TRAC-B) [11]. TRACE is

the latest design of advanced, best estimate reactor system codes of the U.S.NRC.

The wall heat transfer correlations of the TRACE code differ from the RELAP5 models. The

TRACE code assumes film condensation process if the void fraction is higher than 80%, and

the wall temperature is lower than the saturation temperature of the gas (Fig. 1.7).
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Figure 1.7: Flowchart of the wall heat transfer calculation in TRACE

The liquid–wall heat transfer coefficient (αwl) is calculated from the Nusselt number at the

wall, the thermal conductivity of the liquid (λ) and the liquid film thickness (δ) (Eq. 1.43):

αwl =
λl

δ
·Nuwl. (1.43)

The film thickness is used as a characteristic length; therefore, the model can be applied

over a wide range of Reynolds numbers. The wall–liquid Nusselt number is calculated by

a power-law weighting of laminar and turbulent Nusselt numbers (Eq. 1.44), and the film

thickness is calculated from the void fraction (ε) and the hydraulic diameter (Dh) of the pipe

(Eq. 1.45):

Nuwl =
(
Nu2

lam +Nu2
turb

)1/2
, (1.44)

δ= Dh

2

(
1−p

ε
)

. (1.45)

TRACE uses correlations for laminar, turbulent flows and for non-condensable cases. The

maximum value of the turbulent, laminar and natural convection heat transfer coefficients

is the single phase convection heat transfer at the wall. The following part describes the

TRACE heat transfer models.

Two phase convection models

The two phase convection model uses a single phase heat transfer correlation with a multi-

plier, which accounts for the two-phase effect. TRACE defines a two-phase Reynolds number

(Eq. 1.46), which is used to evaluate the Nusselt number for turbulent forced convection in

tubes:

Re2Φ = Gl Dh

(1−ε)µl
= ρl vl Dh

µl
. (1.46)

The single phase laminar convection model (Eq. 1.47) is used for laminar flow regimes, if
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bubbly and slug flow is present [27]. Fully developed flow is assumed with a constant heat

flux boundary condition. The effect of variable fluid properties and the entrance length

effects are neglected:

Nu = 4.36. (1.47)

For annular flow regimes, the characteristic length in the Nusselt number calculation is the

thickness of the annular film.

Interpolation between the two-phase convection and condensation models

The interpolation (Eq. 1.48) of the two-phase convection (α2Φ) and the condensation heat

transfer coefficient (αc ) is used between the void fraction values 0.8 and 0.9:

αwl =αc
ε−0.8

0.9−0.8
+α2Φ

(
1− ε−0.8

0.9−0.8

)
. (1.48)

Gnielinski correlation

The Gnielinski correlation [28] is applied (Eq.1.49) for turbulent convection heat transfer.

The Gnielinski correlation differs from the Dittus-Boelter only in the transition region

(1000 <Re < 3000). The correlation is valid for the transition between laminar and turbulent

flow regimes as well:

Nuturb =
( f /2)(Re−1000)Pr

1+12.7( f /2)1/2
(
Pr 2/8 −1

) . (1.49)

The friction factor is: f = [1.58ln(Re)−3.28]−2.

Natural convection heat transfer correlation

A maximum value of the laminar (Eq. 1.50) and the turbulent (Eq. 1.51) Nusselt numbers is

used for natural convection:

NuN ,lam = 0.1 · (Grl ·Prl )1/8 , (1.50)

NuN ,turb = 0.59 · (Grl ·Prl )1/4 . (1.51)

Kuhn, Schrock and Peterson correlation

The Nusselt number is unity (see the laminar forced convection above), if smooth laminar

film condensation is present. The film Reynolds number is calculated, and if it is higher

than 20, a laminar–wavy falling film correlation will be used. Thus, the empirical correlation

of Kuhn, Schrock and Peterson [29] was implemented into the TRACE code (Eq.1.52):

Nulam = 2
(
1+1.83×10−4 ·Rel

)
. (1.52)
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Turbulent film condensation correlation

For the turbulent wall heat transfer model of TRACE, the modification of the Gnielinski

correlation (Eq.1.53) was chosen. The correlation is based on the observation that the

hydraulic diameter for the thin liquid film is four times of the film thickness:

Nuturb ≈
1

4
NuGn. (1.53)

Non-condensable gas effect

The presence of non-condensable gases significantly reduce the condensation heat transfer.

The non-condensable gas accumulates at the liquid vapor interface. The partial pressure

of the steam reduces because the increasing non-condensable fraction; consequently, the

driving potential for the heat transfer through the liquid film decreases. The model for

film condensation in the presence of non-condensable gases applies the mass transfer

conductance approach [29]. This approach is similar to the Colburn-Hougen method,

which was described in the previous section. The Nusselt and the Sherwood numbers are

calculated using the Gnielinski correlation. For more details, see the TRACE manual [11].

1.2.3 Literature review on condensation in one-dimensional modeling

Condensation heat transfer is an efficient heat removal process; therefore, it is widely used

not only in nuclear industry, but in air conditioning systems, refrigeration industry and

electric power industry. This section reviews the calculation methods for condensation,

with a focus on one-dimensional techniques and horizontal pipes.

Shah [30] summarized the empirical condensation heat transfer correlations used for verti-

cal and horizontal pipes. His evaluation states that the Chato correlation is the most reliable

tool for horizontal pipes. The general correlation of Shah [22] is optimized for refrigeration

systems, and it is aiming to calculate the heat transfer coefficient for both vertical and hori-

zontal systems. Dalkilic and Wongwises [31] concluded that most of the proposed models

to compute the heat transfer coefficient for two-phase flows in smooth horizontal tubes are

based on the modification of the Dittus-Boelter single-phase forced convection correlation;

therefore, they are clearly empirical correlations.

The characteristic of the condensation heat transfer in horizontal pipes is highly dependent

on the local flow pattern and the interaction of the vapor and liquid phases [31]. The flow

pattern occurs according to the inclination and the geometry of the tube, flow rates of the

phases, and physical properties of the fluids. The local void fraction and flow patterns are

important in heat transfer prediction [32]. The heat transfer depends on the flow regime

and on the relative importance of inertial and gravitational forces on the liquid film [33].

The two main flow patterns occurring in horizontal pipes are the annular flow and the

stratified flow regimes (Fig. 1.8). Two-phase annular flow occurs widely in film heating and
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cooling processes, particularly in power generation. Stratified flow occurs in a horizontal

tube at low vapor velocities. The dominance of either annular of stratified slow regimes was

confirmed by experiments in a single tube by Schaffrath et al. [34] and Li et al. [35] for the

pipes in the emergency core cooling system of the KERENA. The slug and wavy flows can be

characterized as stratified flows, as they have a stratified flow nature [36].

Figure 1.8: Developing flow patterns during condensation in a horizontal tube [37]

The annular flow regime is usually treated as an axial turbulent flow with uniform film

thickness. The dominant heat transfer process is the convective heat transfer between the

wall and the flow [38], [39].

The stratified flow regime can be divided into three parts. Vapor core exists in the middle of

the tube cross section, whereas the stratification angle (β) divides the liquid phase into two

well distinguished sections. Steam condenses on the tube wall, presenting a thin liquid film

at the upper part of the tube. The film drains toward the bottom due to the gravity, where

the condensate accumulates forming an axial flume.

The heat transfer of the axial flume is usually neglected, the experimental work of Chato

justified this assumption [40]. However, Dobson and Chato [41] concluded that at high

mass velocities and low qualities, when waves can occur at the liquid–vapor interface, the

bottom part heat transfer coefficient has a contribution.

Heat transfer through the thin film is usually calculated by the classical Nusselt theory

for film condensation [33]. The accumulated liquid at the bottom of the pipe reduces the

heat transfer surface in a cross section of the pipe. Correlations consider this effect by

using a multiplication factor in the Nusselt correlation. The multiplication factor is either

constant [40], [42] or void fraction dependent [43], [44].

Chato (1960) [40] investigated analytically the heat transfer phenomenon inside horizontal

and slightly inclined condensation tubes. He analyzed the condensate film on the upper part

by two independent methods; the solution of both methods do not differ significantly from

the simplest approximation developed by Nusselt. Chato concluded that the temperature

variation of the wall along the cross section and the subcooling of the liquid phase are
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insignificant effects. The Chato correlation, which is used in the RELAP5 code, neglects the

varying stratification angle, and uses an average value along the tube. The correlation is

valid if the outlet and the inlet void fractions have similar values.

Choi et al. [45] analyzed direct contact condensation heat transfer for stratified flow regimes

with the RELAP5 code. They concluded that the results fit well to the co-current database,

but not to the counter-current database. They suggested to improve the condensation heat

transfer by considering the liquid film thickness [46].

The German ATHLET code considers six flow patterns in the condensation heat transfer

correlation [37]. The empirical flow regime map of Tandon identifies the transition between

the flow regimes. Semi-empirical correlations are applied to calculate the heat transfer

coefficient. The stratified flow regime calculation uses a void fraction dependent correla-

tion [43]. The condensation model was optimized to calculate the heat transfer coefficient

of the emergency core cooling system of the KERENA reactor [47].

El Hajal et al. [48] and Thome et al. [49] used three simplified flow regimes to describe the

flow in horizontal pipe condensation. The flow patterns are annular flow with uniform film

thickness, stratified–wavy flow with various stratified angle, and stratified flow with flat

liquid surface. Turbulent convection heat transfer is used for annular flow. The modified

Nusselt theory is used for the stratified flow regime.

Apart from empirical correlations, analytical studies also exist for condensation heat transfer.

Chitti et al. [38] described a fully analytical model for annular condensation. Kwon [39]

used turbulent eddy viscosity model with liquid droplets in the vapor phase. Sarma et

al. [50] used homogeneous model approach to estimate the shear velocity. Stevanovic and

Studovic [51] developed a simple one-dimensional three-fluid model to simulate annular

flow in vertical pipes and stratified flow in horizontal pipes.

Lips and Meyer [52] designed experiments for condensation of R134a in a 8.38 mm inner

diameter tube with inclined orientation. They proposed a new mechanistic model for

stratified flow regime. The model considers the capillary effect in thin tubes, which results

in a non-flat liquid–vapor surface. The falling film is calculated by the Nusselt theory; the

equation is based on the analytical solution calculated by Fieg and Roetzel [53]. The liquid

pool shape of the bottom axial flow is calculated by the capillary and gravitational forces.

The flume is divided into trapezoidal control volumes; and the local heat transfer coefficient

is calculated for each control volume.

The literature review showed that the condensation heat transfer coefficient is calculated

by empirical correlations in thermal-hydraulic system codes. The empirical models suffer

from a lack of generality, which makes the use of these correlations questionable for new

developments in nuclear power plants. Analytical models exist to calculate the condensation

heat transfer for horizontal pipes.
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1.3 Multiphase modeling with computational

fluid dynamics codes

The second approach for simulating condensation was three-dimensional computational

fluid dynamics (CFD). This section introduces the main characteristics of the CFD codes.

Computational fluid dynamics is a numerical technique to solve the partial differential

equations of fluid mechanics by transforming them into algebraic equations. The mathe-

matical equations of the fluid state are discretized on a mesh, which contains finite-size

cells. The chosen set of equations and models are solved for a transient simulation by an

integration over time and for obtaining steady-state solutions iteratively, according to the

boundary and initial conditions.

The ANSYS FLUENT was used to calculate the flow field in this thesis. The FLUENT code [54]

is a numerical solver to calculate flow fields for compressible and incompressible flows, tur-

bulent or laminar flows, steady-state or transient situations. Four methods are available to

calculate multiphase flows. The discrete phase model calculates the Lagrangian trajectories

for particles, droplets or bubbles, coupling with the continuous phase. The Eulerian model

solves the set of momentum and continuity equations under the assumption that both

phases represent independent fluids with separate, interpenetrating flow fields, which are

coupled by a model for interfacial friction and mass conservation. The mixture model treats

the phases as interpenetrating media as well, but solving only one momentum equation

for the mixture. The relative velocity between the phases and the mixture velocity can be

modeled by an algebraic relation. The volume of fluid (VOF) method is an interface tracking

method.

The VOF method is applicable for flows with a gas-liquid interface that can be fully resolved

on the scale of the applied discretisation grid. It provides fast calculations and intrinsic

mass conservation. A single set of conservation equations is solved along with a volume

fraction equation, which tracks the interface.

The nature of the phase change phenomenon analyzed in this thesis, i.e. the condensation

in horizontal geometries, is highly stratified. Therefore, the interface tracking algorithm is

suitable to calculate the flow field. The VOF method available in FLUENT is designed for

adiabatic flows. Extensions are needed to reflect the phase transition at the interface, as

well as the occurring heat fluxes, while the sudden change of fluid parameters is covered by

the standard VOF model.

This section presents the FLUENT software and the VOF method [55]. The physical models

and solver techniques, relevant for the thesis, will be introduced as well. The literature

review, presenting the state of the art in multiphase modeling with CFD codes, is in Sec-

tion 1.3.2.
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1.3.1 The flow equations of the FLUENT volume of fluid model

FLUENT solves the conservation equations for mass, momentum and energy. Turbulent

transport equations are solved, if the flow is turbulent. The VOF method is based on a single

set of conservation equations for the continuous fluid. An additional transport equation of

the volume fraction tracks the interface between the phases.

The general form of the continuity equation (Eq. 1.54) is valid for both compressible and

incompressible flows. The velocity vector (~v) has two or three components, depending

whether dealing with a two or three-dimensional problem. The source term (Sm) can be

added by user defined functions in FLUENT (details in Section 3.4):

∂ρ

∂t
+∇(

ρ~v
)= Sm . (1.54)

The momentum conservation equation (Eq. 1.55) contains the gradient of the static pressure

(p), the gravitational body force (~g ) and an external source (~F ):

∂

∂t

(
ρ~v

)+∇(
ρ~v~v

)=−∇p +∇(
µ

(∇~v +∇~vT ))+ρ~g +~F . (1.55)

The energy equation (Eq. 1.56) contains the conduction heat transfer (the λe = λ+λt

effective thermal conductivity is defined by the turbulence model), and other, user defined

volumetric heat sources (Sh):

∂

∂t

(
ρE

)+∇(
~v

(
ρE +p

))=∇ (λe∇T )+Sh . (1.56)

The FLUENT code has two-equation turbulence models, which allow the determination of

turbulent length and time scale. The k −ε semi-empirical model solves transport equations

for the turbulent kinetic energy (k) and its dissipation rate (ε) [54].

In this thesis, the k −ω empirical model [56] was used. The transport equations account for

the kinetic energy (Eq. 1.57) and the specific dissipation rate (ω) (Eq. 1.58), which is a ratio

of ε and k. The source terms are the generation term due to mean velocity gradients (G),

the turbulent dissipation (Y ), and additional sources (S). The diffusion term contains the

effective diffusivity (Γ) for k and ω:

∂

∂t

(
ρk

)+∇(
ρk~v

)=∇ (Γk∇k)+Gk −Yk +Sk , (1.57)

∂

∂t

(
ρω

)+∇(
ρω~v

)=∇ (Γω∇ω)+Gω−Yω+Sω. (1.58)

The effective diffusivity (Eq. 1.59) accounts for the turbulent viscosity (Eq. 1.60):

Γi =µ+ µt

Pri
t

for i = k,ω, (1.59)
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µt = a∗ρk

ω
. (1.60)

The coefficient in the turbulent viscosity equation (a∗) is responsible for the low Reynolds

number correction (Eq. 1.61), which has a value of one for high Reynolds numbers. The

turbulent Reynolds number is defined as Eq. 1.62:

a∗ = 0.024+Ret /6

1+Ret /6
, (1.61)

Ret = ρk

µω
. (1.62)

The high velocity gradients at the interface between the phases generate high turbulence in

the two-equation turbulence models. Therefore, the damping of the turbulence is needed,

which is implemented in the k −ω model of FLUENT. The turbulence damping model is

analog to the damping next to a solid wall, and it is applied on both sides of the interface

by adding a source term to the ω transport equation (Eq. 1.63). The equation contains the

interfacial area density (A), the cell dimension normal to the interface (∆n), a destruction

term (β= 0.075) and a damping factor (B):

Si = Ai∆nβρi

(
6Bµi

βρi∆n2

)2

. (1.63)

The interfacial area density is calculated from the volume fraction gradient (Eq. 1.64):

Ai = 2εi |∇εi | . (1.64)

The damping factor has a default value of 10. The damping term is calculated for both

phases and it is a source of the mixture level ω–equation. For further information on the

k −ω model see the FLUENT manual [54].

The VOF method [57] introduces a volume fraction equation. The model assumes that the

phases are not interpenetrating, and that the flow field is stratified, i.e. an interface between

the phases is clearly defined. The new variable is the volume fraction (ε) in the center of the

node for all the phases. The number of phases (n) is defined by the user. The void fraction is

equal to one, if the corresponding phase (generally q or p) occupies the node, and it is equal

to zero if it is not present in the node. The non-zero (or one) value of the volume fraction

indicates the presence of the interface in the cell. The mass transfer from one phase to an

other is indicated in the subscript of the mass source (e.g. ṁpq ). An additional source term

is introduced for the user defined mass sources (Sεq). The solution of the volume fraction

continuity equation provides the information about the location of the interface (Eq. 1.65):

∂

∂t

(
εqρq

)+∇(
εqρq~vq

)= Sεq +
n∑

p=1

(
ṁpq −ṁqp

)
. (1.65)
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The sum of the volume fraction for all of the phases is one (Eq. 1.66):

n∑
q=1

εq = 1. (1.66)

If the two phases are gas and liquid, the phases are defined as follows: n = 2, q = g , p = l .

The material properties are a volume fraction weighted average of the phase properties

(Eq. 1.67). One momentum equation (Eq. 1.55) and one energy equation (Eq. 1.56) are

solved, which contain information about the phases through the material properties:

ρ = εgρg +εlρl . (1.67)

The energy (E) and the temperature (T ) are mass-averaged variables (Eq. 1.68). The energy

of each phase is based on the specific heat of the phase and the shared temperature:

E = εgρg Eg +εlρl El

εgρg +εlρl
. (1.68)

Built-on phase change model is not available for the VOF multiphase model, i.e. the source

terms are zero by default. The source terms in the energy (Sh) and the volume fraction

equations (ṁ) can be modified by user defined functions (details in Section 3.4).

1.3.2 Calculation of the phase-change heat and mass transfer - a review

Computational fluid dynamics codes are valuable tools for the analyses of multiple phase

flows, as they provide details about the three dimensional flow field and transport phenom-

ena. The direct numerical solution of the transport equations of two-phase flows with phase

change are computationally expensive, and, therefore, only possible in few selected cases

of academic value. The investigation of the interfacial phenomena remains a challenge in

CFD calculations, as our knowledge is not established about the interface turbulent effects,

and the available resources limit the resolution at the interface. Consequently, assumptions

have to be made to achieve realizable models.

Moreover, already the simulation of adiabatic two-phase flows introduces difficulties. The

VOF method can not simulate two-phase flows with high velocity differences between the

phases. Bartosiewicz et al. [58] highlighted this issue in a simulation of slug formation in an

air–water channel. Lan et al. [59] showed that a fine resolution of the interface is critical for

modeling thin liquid films. The boundary and initial conditions are crucial in two-phase

flow modeling [60] [61]. If phase transition occurs between the two phases, additional

complications rise.

Phase transition can be grouped to homogeneous and heterogeneous processes. Should

the condensation or boiling occur at the interface between the phases or on a solid surface,

we talk about heterogeneous transition. For homogeneous phase change, which happens in

strongly superheated or subcooled medium spontaneously, the CFD calculation requires
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nucleation and droplet growth models [62], [63].

Heterogeneous phase change is important in many industrial applications, when the in-

volved surface or interface has either lower (condensation) or higher (boiling) temperature

than the saturation temperature at the corresponding pressure.

Condensation occurs on surfaces or at an already existing interface. The geometry gas-

liquid interface depends on whether the surface is wettable (film condensation) or not

(drop-wise condensation). Direct contact condensation occurs, if the vapor is in contact

with it’s subcooled liquid.

The mass transfer between the phases, i.e. the boiling, condensation or solidification pro-

cesses introduce additional sources in the continuity equations. The phase transition related

heat source (Q) is calculated (Eq. 1.69) from the phase change mass transfer (ṁ) multiplied

by the latent heat (hlv):

Q = ṁhlv. (1.69)

Condensation or boiling is calculated by identifying the phase mass transfer, which is a

result of a simulation of the mass transfer.

The limited computational resources motivate a simulation technique, which reduces

the number of equations. Dehbi et al. [64], [65] used the FLUENT code and the single

phase approach to investigate wall condensation in a presence of non-condensable gases.

Negative source terms in the conservation equations accounted for the mass, momentum

and energy losses from the gas phase, while the growing liquid film was not simulated.

Štrubelj et al. [66] used a two-fluid method to calculate direct contact condensation with the

NEPTUNE_CFD code. They assumed that the steam is at saturation condition; therefore, the

energy equation of the vapor phase was not solved. They calculated the interface mass flow

rate (ṁ) depending on the heat transfer coefficient (αnp) and the temperature difference

between the liquid (Tl ) and the saturation (Ts) temperatures at the interface (Eq. 1.70):

ṁ = αnp (Ts −Tl )

hlv
. (1.70)

The liquid heat transfer coefficient (Eq. 1.71) is calculated from the Nusselt number (Nul

in Eq. 1.72), which is a function of the Prandtl number (Pr) and the turbulent Reynolds

number (Ret ). The correlation is based on the renewal theory and the Hughes–Duffey

correlation [67]:

αnp = λl Nul

hlv
, (1.71)

Nul =
2p
π

Ret Pr1/2. (1.72)

The turbulent Reynolds number (Eq. 1.73) contains the length scale (Lt =Cµk1/4
l /εl ), the

friction velocity (u∗ =C 1/4
µ k1/2

l , Cµ = 0.09), where kl is the turbulent kinetic energy, εl is the
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turbulent dissipation and υ is the kinematic viscosity:

Ret = Lt u∗

υl
. (1.73)

The surface renewal theory predicts the condensation mass transfer from the liquid turbu-

lent properties and the renewal period of the eddies [68]. The theory suggests that turbulent

eddies transport bulk liquid, which has lower temperature, to the surface, and remove

saturated condensate from the interface. The temperature gradient at the interface thus

increases, which enhances the condensation compared to laminar heat conduction. The

renewal period controls the contact time between the bulk liquid and the saturated vapor;

consequently, this is the driving force for the condensation mass transfer. The renewal the-

ory calculates the effect of the reduced interfacial shear and the eddy diffusivity distribution

on heat and mass transfer by directly deriving them from the momentum transfer.

The derived heat transfer coefficient depends on the applied length and velocity scale. An

example is the Hughes Duffey correlation [67], which uses a turbulent eddy based surface

renewal theory and the Kolmogorov turbulent length theory to predict the condensation

heat transfer coefficient at the vapor–liquid interface:

αHD = 2p
π
λl

(
µlCpl

λl

)1/2 (
ε

υl

)1/4

. (1.74)

The Hughes-Duffey correlation was used to calculate direct contact condensation in the

LAOKOON experiment, which is discussed in this thesis (Section 1.4.2) [69], [70], [71].

Ceuca and Macián-Juan implemented two surface renewal theory based correlations into

the ANSYS CFX software, and calculated direct contact condensation [72]. Next to the

Hughes-Duffey correlation, the Shen correlation was used:

αSh = 1.407p
π
λl

(
µlCpl

λl

)1/2
(

Cµk1/2

ε

)−1/3 (
C 1/2
µ (υlε)1/4

υl

)2/3

. (1.75)

The Shen correlation considers large eddies, which transport the heat away from the in-

terface. Therefore, the renewal period is longer, the removed heat is smaller in the Shen

correlation. Ceuca and Macián-Juan achieved better results with the Shen model.

Lakehal and Labois [73] used very large eddy simulation within the ASCOMP TransAt code

to derive a heat transfer coefficient correlation at the liquid vapor interface for direct contact

condensation. They used surface divergence theory to define a correlation between the

turbulence of the liquid and the heat and mass transfer at the interface based on the direct

numerical simulation.
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The surface divergence theory (Eq. 1.76) calculates the ratio between the transfer velocity

(K ) and the turbulent velocity scale (ut ):

K

ut
=C ·Prn · f [Ret ]Rem

t . (1.76)

The model constant C depends on liquid properties, the exponents (n and m) are governed

by the surface condition and turbulence intensity. The surface divergence function ( f )

depends on whether small-eddy or large-eddy model were used (Eq. 1.77):

f [Ret ] = [
0.3

(
2.83Re3/4

t −2.1Re2/3
t

)]1/4
. (1.77)

The correlation was validated for the level set interface tracking method [74] by modeling

stratified steam–water flows [75].

Apart from the empirical or semi-empirical correlations, authors used analytical methods

to calculate the mass transfer at the interface. Zhaohui et al. [76] calculated condensation

induced water hammer phenomenon with the VOF method, the mass transfer rate (Eq. 1.78)

was derived from the kinetic theory of gases [16]. The condensing rate is calculated from the

relative molecular mass (Mr ), the universal gas constant (R), the phasic absolute pressure

(P ) and temperature (T ), and a condensing coefficient (σ= 0.03−0.05) for water:

ṁ =
(

Mr

2πR

)1/2
[

Pg

T 1/2
g

− Pl

T 1/2
l

]
2σ

2−σ . (1.78)

Liu et al. [77] implemented the Hertz-Knudsen gas kinetic model into the FLUENT code,

which is also available in the FLUENT Eulerian multiphase method [54]. They used the VOF

method to simulate laminar film condensation on parallel vertical walls. The phase change

mass flow rate (Eq. 1.79) is proportional to the void fraction (εg ), to the relative temperature

difference between the interface and saturation temperature, the gas density (ρg ) and a

condensation coefficient (β) :

ṁ =βcεgρg
Ti −Ts

Ts
. (1.79)

The condensation coefficient depends on molecular constants (Eq. 1.80), as the molecular

mass (M), the Sauter mean diameter (Dsm), the accommodation coefficient (ac ) and the

universal gas constant (R) :

βc = 6

Dsm
ac

√
M

2πRTs

ρl hlv(
ρl −ρg

) . (1.80)

The condensation coefficient was found by a trial-and-error procedure. Consequently,

the so called Hertz-Knudsen kinetic theory model is equivalent to the iterative technique

introduced by Lee [78].

The model of Lee imposes the boundary condition that the liquid vapor interface is at
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saturation temperature. The mass transfer is introduced in the cell such that the boundary

condition is reached through iteration. The iteration speed is governed by the relaxation

time (r ), which is equivalent to the condensation coefficient in the Hertz-Knudsen method

(Eq. 1.80). Should the temperature of an interfacial cell differ from the saturation tempera-

ture, phase change is introduced (Eq. 1.81 and 1.82):

ṁ =−r εlρl
T −Ts

Ts
if T ≥ Ts and |∇εl | > 0, (1.81)

ṁ =−r εgρg
Ts −T

Ts
if T < Ts and

∣∣∇εg
∣∣> 0. (1.82)

The relaxation factor has to be tuned for each simulation.

Welch and Wilson [79], too, assumed that the interface temperature is at the saturation

temperature of the pressure of the liquid phase. They developed a numerical VOF method,

which calculates the heat flux vectors (~q) on both sides of the interface, considering the

jump term of the mass conservation equation (Eq. 1.83). The difference between the velocity

and the velocity vector (~vs), which points towards the normal vector of the interface (~n) is

calculated from the heat flux at the interface:

‖~v −~vs‖ =
(

1

ρl
− 1

ρg

) ∥∥~q∥∥~n
hlv

. (1.83)

The energy jump condition provides the mass transfer rate as function from the difference

of both heat fluxes.

Sato and Ničeno [80] obtained the interfacial mass transfer rate (Ṁ) directly from the heat

flux balance equation (Eq. 1.84) with the in-house CFD code PSI-BOIL:

Ṁ = ql +qg

hlv
. (1.84)

The heat flux of the gas and liquid phase was calculated from the temperature gradient at

the liquid and the vapor side (Eq. 1.85):

ql =λl (∇Tl )~n and qg =−λg
(∇Tg

)
~n. (1.85)

The volumetric mass transfer rate (ṁ) is resulted from multiplying the above expression

with the interface area density (Eq. 1.86), i.e. the cell volume (Vcell) divided by the area of the

liquid–vapor interface in the cell (Sint):

ṁ = Ṁ
Sint

Vcell
. (1.86)

Nichita [81] and Ganapathy et al. [82] implemented the above equations in the FLUENT

VOF method, considering an equal temperature gradient on the gas and liquid side. The
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interfacial area density was equal to the gradient of the void fraction (Eq. 1.87):

ṁ =
(
λlεl +λg εg

)
(∇T∇εl )

hlv
. (1.87)

Sun et at. [83] implemented a modification of the above heat balance equation into the

FLUENT VOF method. They assumed that the vapor is at saturation temperature, and the

heat transfer coefficient of the gas phase is zero (Eq. 1.88):

ṁ = 2λl (∇εl ·∇T )

hlv
. (1.88)

Badillo developed a general model to investigate boiling mass transfer based on a phase field

theory [84]. He applied the model for bubble growth under convective conditions, achieving

good comparison with experiments [85]. More details on the approach are provided in

Chapter 3.

Table 1.2 shows the reviewed papers, grouped into categories according to the applied phase

transition model, the applied CFD software and multiphase method.

Table 1.2: Modeling strategies for phase change phenomena - literature review

1. Semi-empirical correlations

a) surface renewal
CFX two-fluid model condensation [71] [69]

NEPTUNE_CFD two-fluid model condensation [69] [66] [86]

CFX VOF condensation [72]
b) surface divergence (Eq. 1.76) TransAT level set condensation [75]

2. Gas kinetic theory

a) Eq. 1.78
n.i.∗ VOF condensation [76]

OpenFOAM VOF boiling [87]

FLUENT VOF boiling [88][89]

3. Numerical iteration technique

a) Lee FLUENT VOF condensation
[90][77]

[91][92]

4. Heat flux balance

a) As it is (Eq. 1.85)
PSI-BOIL boiling [80]

n.i. VOF condensation [93]

OpenFOAM VOF boiling [94][95]

b) equal T gradient (Eq. 1.87)
FLUENT LS + VOF boiling [81]

FLUENT VOF boiling [82]
c) (Eq. 1.88) FLUENT VOF boiling [83]

5. Phase field model PSI-BOIL boiling [85]

∗ : n.i. = no information

While the articles introduced in the review report convincing results for the investigated

phenomena, all approaches have limitations. The method of obtaining the mass transfer

from the heat flux balance requires a fine mesh at the interface, which resolves the thermal
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boundary layer. The equal temperature gradient in the two phases is not realistic, as

the jump condition has to be respected and the thermal conductivities of both phases

differ. The VOF method has only one temperature field in the domain, consequently, the

implementation of the two temperature gradients is not straightforward.

The kinetic theory based models lack the resolution of the interfacial region, and the con-

densing coefficient used in these equations is arbitrary. The assumptions of the kinetic

theory are not applicable on the scale of the VOF method. The numerical iteration tech-

nique provides good results through many iterations. Nonetheless, the optimal relaxation

factor changes for each simulation; as too high value will cause convergence difficulties, too

low values will not achieve convergence reaching saturation temperature at the interface.

The empirical techniques rely on the turbulent properties at the interface, which is difficult

to resolve. Furthermore, the initial condition, i.e. the steam energy equation is not solved

because the steam stays at saturation temperature, cannot be provided in the VOF method,

as only one energy equation is solved for the two phases.

The conclusions of the literature review is used later in this thesis to develop the modeling

strategy for condensation in horizontal pipes for the FLUENT VOF method (Chapter 3).

1.4 Experimental facilities used for code validation

The validation of the condensation heat transfer models for both RELAP5 and FLUENT is

provided in this thesis. This section introduces the experimental facilities, which were used

for code validation.

Section 1.4.1 describes the Invert Edward Pipe Experiment (INVEP), which was built to

analyse a highly transient condensation process in an inclined horizontal pipe [96]. The

experiment was simulated with the RELAP5 code.

The LAOKOON facility was chosen to validate the CFD models, as the two-dimensional

steady flow field and the direct contact condensation makes the experiment suitable for

sensitivity studies (Section 1.4.2).

The COSMEA (condensation test rig for flow morphology and heat transfer studies) ex-

periment is introduced in Section 1.4.3. The experiment analyzed the geometry and heat

transfer of the gas–liquid interface during condensation in a slightly inclined horizontal pipe.

The facility was designed such that the pipe diameter and the flow conditions corresponded

to the conditions in the emergency core cooling system of the KERENA reactor (Section 1.1).

The experiment was simulated with both RELAP5 and FLUENT.

The results on the one-dimensional and three-dimensional investigation of the experimen-

tal facilities are presented in the later chapters (Chapter 4 and Chapter 5).
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1.4.1 The Invert Edward Pipe Experiment

Böttger et al. [96] did transient condensation experiments to test novel local void probes

that are combined with a micro-thermocouple. The provided data are suitable for model

validation of thermal hydraulic codes as well. During the experiment hot steam entered the

nearly horizontal pipe with a closed end, which lied in a basin of cold water, therefore the

vapor condensed rapidly on the cold pipe wall. The well-known Edward’s pipe experiment

consisted of a very rapid depressurization of a hot pressurized water inventory in a pipe [97].

Because the experiments of Böttger et al. followed a reverse scenario, i.e. an empty pipe was

suddenly pressurized, it was humorously called INVEP by the authors [98].

The experimental setup (Fig. 1.9) contained a condensation pipe, which was immersed into

a cooling water tank (6300×1000×400 mm). The heat exchanger pipe had an inclination

of −1.56°, a length of 5.675 m, and an inner diameter of 44.3 mm. The pipe was made

of stainless steel and the wall thickness was 2 mm. The cooling tank was big enough to

keep the water temperature nearly constant during the experiment (about 300 K). The pipe

inlet was connected to a steam dome of a pressurizer, filled with high pressure saturated

water–steam mixture. The rear side of the pipe was closed.

Valve

Condensation pipe Cooling water tank

Pressurizer

T1

T2

T4

T6T9

S2

T8

V8

T7

V7 T5

V5

T3

V3

S1

P

Pressurizer

Figure 1.9: The INVEP experimental setup

The pipe was equipped with local void probes and micro-thermocouples. Twelve locations

inside the tube contained temperature, void fraction or pressure measurements (Fig. 1.9

and Table 1.3).

With the impedance measurement probes (VT3, VT5, VT7 and VT8), the liquid phase was

detected by sampling the electrical current from the electrode wire of the needle-shaped

probe, which was the shroud of a micro-thermocouple of 0.25 mm diameter. Consequently,

the temperature and the void fraction were measured at the same location. Additionally, two

normal void probes (S1, S2) without thermocouple and three traditional thermocouples (T1,

T2 and T9) were used. The sensitive tip of each probe was in the center of the condensation

pipe cross section. Pressure transducers measured the pressure in the pressurizer and at the

closed end of the condensation pipe. The probes recorded the data with 500 Hz frequency.



1.4. Experimental facilities used for code validation 37

Table 1.3: Locations of the instrumentation inside the INVEP condensation pipe

name parameter position [mm] name parameter position∗∗ [mm]

P∗
pi pressure 85 Ppr pressure 3355

T 1 temp 140 S1 void 620

T 2 temp 1100 T 3, V 3 temp, void 1580

T 4 temp 2060 T 5, V 5 temp, void 2535

T 6 temp 3015 T 7, V 7 temp, void 3490

T 9 temp 5550 T 8, V 8 temp, void 4655

S2 void 5525

∗ Ppi: pressure in the pipe, Ppr : pressure in the pressurizer
∗∗ the position is the distance from the closed end of the pipe

Twenty-four experiments were done with different initial pressures in the pressurizer and in

the pipe (Table 1.4). An initial equilibrium of the temperatures in the pipe and the cooling

tank was established before the start of each test. The experiment started with opening

the valve between the pressurizer and the pipe; after steam entered the pipe. The rapid

steam ingress caused a pressure increase and produced an abrupt condensation. The

measurement stopped when the pipe was filled with liquid.

Table 1.4: Initial condition of the INVEP experiments

Ppi /Ppr

(bars) 10 30 50 70

0∗ A07 B07 C11 D07

1 A05 B05 C10 D06

3 − B03 C08 D05

5 − − C05 D04

7 − − − D03

10 − − C07 D02

∗ The zero bar means that the pipe was evacuated, having 95% technical vacuum.

In this thesis, the simulation of the INVEP experimental setup with the RELAP5 and TRACE

one-dimensional system codes is presented. The results of the code validation for transient

condensation process are discussed in Chapter 4.

1.4.2 The LAOKOON test facility

Goldbrunner et al. [99] built an experimental setup at the Technische Universität München

to measure direct contact condensation on a subcooled water surface. Figure 1.10 shows the

experimental setup. The laser beam was used to measure the nitrogen profile from Raman

emission.
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Figure 1.10: The LAOKOON experimental setup [99]

The rectangular open channel had two separate inlets for the liquid and for the vapor phase.

The precise inlet and outlet conditions ensured the horizontal liquid surface in the channel.

A thermocouple line, consisting of 12 thermocouples, measured the temperature along a

vertical line. Experiments were done with and without non-condensable gas in the vapor

phase. In the current CFD simulations the focus is on the condensation of pure steam. The

experimental setup provided data about the water and steam flow rates at the feed cross

section, the inlet water temperature, the temperature distribution along the thermocouple

line, the pressure level in the channel, and the water height (Table 1.5).

Table 1.5: Parameters of the LAOKOON experiment

Inlet velocity of water [m/s] 0.28

Inlet velocity of steam [m/s] 3.20

Pressure [bar] 6.97

Inlet water temperature [K] 300.2

Saturation temperature [K] 437.93

Mean water temperature at the probe [K] 324.43

Height of the water level [mm] 31

Steam velocity at the measurement station [m/s] 1.94

Water Reynolds number 28’082

Steam Reynolds number at the inlet 51’051

Measurements confirmed that the flow in the duct was two-dimensional, with negligible

influence of the walls [70]. The condensation caused a significant breaking of the steam

velocity; however, the acceleration of the liquid phase was negligible due to the high density

ratio. The latent heat of the condensation heated up the initially subcooled water. The

condensation rate was limited by the heat transfer from the free surface to the bulk water

flow.

Table 1.6 shows the temperature data along the thermocouple line at the measurement line.
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The LAOKOON experimental setup was used to validate CFD codes for direct contact

condensation in the past. The phenomenon occurs in pressurized thermal shock scenarios

in nuclear power plants, when the emergency core cooling system injects cold water into

the cold leg, and the saturated steam condenses on the subcooled water surface [100]. The

LAOKOON experiments were calculated by the NEPTUNE_CFD and the CFX-5 codes in

the European ECORA project [69]. The project was followed by the NURESIM project [70],

where the experiment was simulated by the ANSYS CFX software [71]. The results from

these studies are presented in Chapter 5.

Table 1.6: Temperature data of the thermocouple line - LAOKOON experiment

y (m) T (K)

0.004 310.94

0.008 310.48

0.012 311.31

0.016 313.14

0.02 316.42

0.024 322.26

0.026 331.79

0.028 354.73

0.03 411.97

0.031 435.67

0.034 434.77

0.036 435.74

1.4.3 The COSMEA facility

Geißler et al. [101] did experiments in the TOPFLOW facility (Helmholtz-Zentrum Dresden-

Rossendorf) to measure steady state condensation heat transfer in an inclined pipe. The

facility aimed to study condensation as a single effect, corresponding to the conditions of

the KERENA reactor emergency cooling system. The geometry of the pipe, and the fluid

conditions were taken from the KERENA emergency condenser studies.

The experimental setup consisted of an annular pipe system (Fig. 1.11). At the primary side

inlet, water–steam mixture entered at saturation condition of the corresponding pressure.

The steam condensed on the colder walls, and flowed downwards due to the inclined

position of the pipe. The outlet was connected to a separation tank. The secondary side

ensured the cooling of the condensation pipe wall by circulating cold water.

The experimental setup was equipped with thermocouples, flow meters and pressure

transducers on both sides (Table 1.7). An X-ray tomography system recorded the steam–

water distribution at five positions in the primary side. The images were recorded in 3.3

minutes; therefore, fluctuations, slug, plug formations were averaged out. The height of
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the water flume at the bottom of the pipe was derived from the tomography images, the

achieved resolution was not able to detect the water film thickness at the upper part of the

pipe.

Cooling water outlet Cooling water inlet

Water-steam
mixture inlet

Condensate
outlet

I1 O2 H1 H2 O1/I2

X1 X2 X3 X4 X5

T1 T2 T3 T4

Figure 1.11: Scheme of the COSMEA experiment with the measurement points

The secondary side consisted of 15 thermocouples and four swirl generators to ensure the

turbulent cooling of the pipe wall. The pressure and the mass flow of the secondary side

was measured and controlled by the thermocouples such, that the temperature and the

pressure of the secondary side was constant.

Table 1.7: Measurement points in the COSMEA facility

name Description Position Side

I1 Steam–water mixture inlet (P, ṁ, T meas.) −460 mm Primary

O2 Cooling water outlet (T meas.) −230 mm Secondary

H1 Begin of un-isolated part 0mm Primary

X1 X-ray tomography 470 mm Primary

T1 Temperature measurement 535 mm Secondary

X2 X-ray tomography 870 mm Primary

T2 Temperature measurement 1015 mm Secondary

X3 X-ray tomography 1320 mm Primary

T3 Temperature measurement 1495 mm Secondary

X4 X-ray tomography 1800 mm Primary

T4 Temperature and heat flux measurement 1975 mm Both

X5 X-ray tomography 2170 mm Primary

H2 End of un-isolated part 2510 mm Primary

I2 Cooling water inlet (P, ṁ, T meas.) 3070 mm Secondary

O1 SW mixture outlet (P, T meas.) 3070 mm Primary

The thermocouples in the secondary side detected the cooling water temperature axially

in four positions. At one of this positions (T4), the azimuthal and radial temperature

distribution was recorded as well. An additional heat flux probe was installed here, which

measured the inner and outer wall temperature of the condensation pipe at five azimuthal

positions (Fig. 1.12).
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The inlet conditions for the primary side were set by two pressure transducers and flow

meters. The initial flow pattern of the two phase, the annular flow regime, was ensured

by a flow straightener and a ring injection system at the water inlet (the ring was 0.5 mm

thick). The inlet was followed by a 460 mm long adiabatic section, which ensured the

fully developed flow pattern at the inlet of the condensation section. The 2510 mm long

condensation part is followed by a 560 mm long outlet adiabatic part. The outlet pressure of

the condensation pipe was the pressure of the separation tank, where the temperature was

recorded as well.

Figure 1.12: The location of the heat flux probes at the T4 position. The thermocouple
names are the indexes from the report of Geißler et al. [101].

The outer diameter of the condensation pipe was 48.3 mm, 2.5 mm was the wall thickness

and 0.76° was the inclination of the pipe. The separation tank had a diameter of 550 mm.

The secondary side pipe had an inner diameter of 110.4 mm. The pipe was made of stainless

steel.

The conditions for the 23 experiments (Table 1.8) had similar values to the KERENA emer-

gency condenser system. The pressure varied between 5-65 bars in the primary side. The

void fraction varied between 0-1 for all the pressure values, while the total mass fraction was

kept constant for the corresponding pressure. The only exceptions were the 5 bars experi-

ments, where the lower void fraction required a higher mass flow. The mean temperature of

the cooling water was kept constant (313 K for the pressures 5-45 bars, 315 K for the 65 bars

experiments) during the measurements. The secondary side temperature increased 3 K

from the inlet to the outlet for low pressures (5 and 15 bars), and 5 K for higher pressures.

The Appendix contains the detailed measurement data for the experiment series. The

thermocouples had an uncertainty of 0.3 K, the pressure measurement obtained 1%, the

flow meters 3% error. The heat flux probe had an uncertainty of 8%.

The radial and azimuthal temperature measurements indicated that the temperature fluctu-

ation at the secondary side is in a range of 0.5–2 K.
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Table 1.8: Measurement matrix for the COSMEA facility

No. Ppr εpr ṁtotal ṁv ṁw No. Ppr εpr ṁtotal ṁv ṁw

[bar] [kg/s] [kg/s] [kg/s] [bar] [kg/s] [kg/s] [kg/s]

51
5

1 0.088 0.088 0 451

45

1 0.610 0.610 0

52 0.63 0.130 0.064 0.042 452 0.85 0.610 0.520 0.09

151

15

1 0.255 0.255 0 453 0.70 0.610 0.429 0.181

152 0.80 0.255 0.204 0.051 454 0.56 0.610 0.339 0.271

153 0.60 0.255 0.153 0.102 455 0.41 0.610 0.248 0.362

154 0.40 0.255 0.102 0.153 456 0.33 0.610 0.203 0.406

251

25

1 0.406 0.406 0 651

65

1 0.800 0.800 0

252 0.83 0.406 0.336 0.07 652 0.85 0.800 0.678 0.122

253 0.66 0.406 0.266 0.14 653 0.70 0.800 0.556 0.244

254 0.48 0.406 0.196 0.21 654 0.54 0.800 0.434 0.366

255 0.31 0.406 0.125 0.281 655 0.43 0.800 0.340 0.470

656 0.31 0.800 0.245 0.555

The flume height determined from the X-ray tomography images had an uncertainty of

0.5 mm. The liquid film at the wall was not detected.

Table 1.9 shows the material properties for the experiments. The properties were calculated

for the saturation condition for all the pressures.

Table 1.9: Material properties for the experiments

Water Steam Water Steam Water Steam

P [bars] 5.05 15.1 25.2

Ts [K] 425.36 471.76 497.53

ρ [kg/m3] 914.93 2.693 866.28 7.6417 834.56 12.607

Cp [J/kgK] 4316.07 2416.14 4487.05 2969.1 4641.04 3412.83

λ [W/mK] 0.68165 0.03192 0.66413 0.0398 0.6461 0.04511

µ [kg/ms] 0.0001796 1.406E-5 0.000135 1.566E-5 0.0001190 1.656E-5

Cp [kJ/kg] 641.80 2748.55 846.1359 2791.208 963.955 2802.132

Water Steam Water Steam

P [bars] 45.4 65.4

Ts [K] 531.12 554.41

ρ [kg/m3] 786.77 22.907 748.016 33.8671

Cp [J/kgK] 4955.717 4244.55 5309.5 5128.8

λ [W/mK] 0.61154 0.053449 0.57796 0.06109

µ [kg/ms] 0.0001025 1.7796E-5 9.301E-5 1.875E-5

Cp [kJ/kg] 1124.812 2797.725 1243.311 2778.346



2 Mechanistic model development for
the RELAP5 code

The RELAP5 thermal hydraulic code was used for pre-test calculations of the INKA facil-

ity [7], [8], [9]. The comparison of the post-test calculations and experimental results showed

that RELAP5 correctly captured the important phenomena in the emergency condensers;

furthermore, it could reproduce the heat transfer from the emergency core cooling system

to the containment pool [8]. Further proposals were made for test specification, based on

integral pre-test calculations of the INKA Experiments [9].

However, the stratified flow, which occurs in the emergency condenser, is not well repro-

duced in the RELAP5 calculations. The Chato correlation, which is used to calculate the heat

transfer coefficient in horizontal pipes, does not allow the consideration of local void frac-

tion values and flow patterns. To overcome these limitations, I implemented a mechanistic

model into the RELAP5/mod3.3 code to calculate the condensation heat transfer coefficient

in horizontal or slightly inclined pipes. This chapter presents the model development.

The model uses the local void fraction in the pipe as input quantity, and it assumes that

stratified flow occurs for the conditions of the emergency core cooling system of the KERENA

reactor [34] [35]. To characterize the flow pattern, the calculation considered a cross section

of a slightly inclined horizontal pipe. It was coded in MATLAB for testing purposes before

the implementation into RELAP5.

The model divided the flow pattern into three parts: vapor core in the middle of the pipe,

thin liquid film on the upper wall, and condensate flume at the bottom of the pipe cross

section. The model assumed a laminar film condensation process in the upper part, a

turbulent axial flow in the bottom part, and it calculated heat transfer coefficients and

wall temperatures for both sections independently. The output of the calculation provided

both heat transfer coefficients, the condensate film thicknesses and the inner pipe wall

temperatures. Based on these values, the average heat transfer coefficient was calculated

for the entire cross section.

The program had the following main functions:

• input parameters, calculation of the liquid and vapor properties (Section 2.1);

43
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• determination of the flow pattern (Section 2.2);

• estimation of the heat transfer of the axial flume (Section 2.3);

• estimation of the heat transfer of the condensate film (Section 2.4);

• calculation of the inner wall temperature (Section 2.5);

• calculation of the average heat transfer coefficient for the cross section (Section 2.6);

• displaying the results (Section 2.7).

2.1 Input parameters

The input parameters include geometrical data (radius (R), wall thickness, length of the

pipe (L), slide thickness, inclination angle(θ)) and flow parameters (incoming mass flow

(W ), void fraction (ε), pressure (P ), secondary side temperature (Tout)).

The liquid (l ), vapor (v) and the wall material properties were calculated by the program

according to the pressure and the temperature inputs. The gas phase is indicated as vapor

in this chapter, because non-condensable gas effects are not considered, i.e. the gas phase

contains only the vapor of the liquid. Table 2.1 shows the constant parameters, which were

used in the program.

The saturation temperature at the corresponding pressure, and the phasic properties were

estimated using the IAPWS-97 tables [102]. The fluids were considered at saturation con-

dition. The fluid property values were plotted against the pressure in range of 1–100 bars.

Either polynomial fitting (Eq. 2.1) or an exponential function (Eq. 2.2) was applied to ac-

quire the relation between the corresponding property and the pressure (e.g. Fig. 2.1). The

exponential curve was used when the polynomial fitting did not obtain good results:

y(P ) = A+B1 ·P +B2 ·P 2 +B3 ·P 3, (2.1)

y(P ) = a · xb . (2.2)

Table 2.2 shows the fitted parameters (A, B1, B2, B3 or a, b) for each fluid property.

The thermal diffusivity (Eq. 2.3), the kinematic viscosity (Eq. 2.4) and the Prandtl number

(Eq. 2.5) were calculated from the fluid properties (Table 2.2):

a = λl

Cpl ·ρl
, (2.3)

υl =
µl

ρl
, (2.4)

Pr = υl

a
. (2.5)
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Table 2.1: Constant parameters in the MATLAB calculation

Description Value

Prt Turbulent Prandtl number 0.9

g [m/s2] Gravitational constant 9.81

λ0 [W/mK] Thermal conductivity for T0 = 0K 11.45649

β [1/K] Temperature coefficient 0.001127

Table 2.2: Parameters used for the calculation of the liquid and vapor properties

Description A B1 B2 B3

Cpl [J/kgK] Water specific heat 4.205 0.022 −2.49e−4 3.5e−06

hlv [J/kg] Latent heat 2252.7 −28.766 6.58e−1 8.2e−03

λl [W/mK] Thermal cond. 0.6853 −7.48e−4 −5.09e−5 8.2e−07

µv [kg/ms] Vapor viscosity 1.26e−5 2.95e−7 −7.16e−9 8.6e−11

ρl [kg/m3] Density of liquid 958.1 −8.556 1.94e−1 −2.4e−03

ρv [kg/m3] Density of vapor 0.130 0.507 −9.00e−4 2.0e−05

σ [N/m] Surface tension 58.38 −1.979 4.93e−2 −6.0e−04

a b

µl [kg/ms] Liquid viscosity 2.79e-04 -0.265

Ts [K] Saturation temp. 102.57 0.241
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Figure 2.1: Saturated steam density as a function of the pressure
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The initial guess for the inner wall temperature is calculated as the average of the saturation

temperature and the outer wall temperature (Eq. 2.6):

T 0
w = Tout +Ts

2
. (2.6)

The homogeneous flow model [16] was applied to calculate the mass quality (Eq. 2.7):

Xm = 1

1+ 1−ε
ε · ρl

ρv

. (2.7)

The wall thermal conductivity is linear with the temperature (Eq. 2.8):

λw =λ0
(
1+βT

)
. (2.8)

The outer surface heat transfer coefficient is a constant input parameter of the calculation.

2.2 Determination of the flow pattern

The next step after defining the input parameters is to calculate the flow pattern from the

void fraction. The flow pattern is determined by the following parameters: stratification

angle (Φstrat), film thickness of the upper part (δ f ), thickness of the flume (δb) (Fig. 2.2).

Figure 2.2.a shows a fully developed stratified flow in horizontal pipes. The equivalent

geometry (Fig. 2.2.b) was defined, with the same stratification angle, but the bottom flow is

considered with a uniform film thickness [48], [49]. Figure 2.2.c shows the assumed flow

pattern, if the void fraction is below 0.5; consequently, the stratification angle is smaller

than 180°.

Vapor

Liquid

Φstrat Φstrat

δb

δ f

Φstrat

a) b) c)

Figure 2.2: Stratified flow pattern in horizontal pipes

The stratification angle can be estimated by an explicit formula (Eq. 2.9), if the laminar film

thickness is negligible comparing to the bottom liquid flow thickness [103]. The stratification

angle is estimated by replacing the void fraction with the liquid fraction in the equation, if
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the void fraction is smaller than 0.5:

Φstrat = 2π−2π(1−ε)+
2(3π/ε)1/3 [

1−2(1−ε)+ (1−ε)1/3 −ε1/3]−
2

200
(1−ε)ε [1−2(1−ε)]

[
1+4

(
(1−ε)2 +ε2)] . (2.9)

Thome et al. [49] calculated the flow pattern, assuming that the liquid cross section is equal

to the the axial flow area. I used an iteration to refine the stratification angle with the area

occupied by the laminar condensate film at the upper part.

If the stratification angle (Eq. 2.9) and the film thickness are determined (see Section 2.4),

the liquid cross section is calculated in two ways. The sum of the liquid area of the upper

part (Eq. 2.10) and of the bottom part (Eq. 2.11) is the liquid cross section for the pipe

(Eq. 2.12), and the result is compared to the definition of the void fraction (Eq. 2.13):

Aup
l =

(
2Rδ f −δ2

f

)
Φstrat

2
, (2.10)

Abottom
l =


R2

[
π− Φstrat − sin(Φstrat)

2

]
if ε> 0.5

R2

2
[(2π−Φstrat)− sin(2π−Φstrat)] if ε≤ 0.5,

(2.11)

Acalc
l = Abottom

l + Aup
l , (2.12)

Al = A(1−ε) = R2π · (1−ε). (2.13)

The stratification angle is accepted if the difference between the two values is smaller than

0.001%. Otherwise, the stratification angle is tuned, until the two cross section calculation

obtains the same value.

The thickness of the bottom axial liquid flow is calculated from geometrical considerations

(Eq. 2.14):

δb =


R −

[
R2 − 2Abottom

l

2π−Φstrat

]1/2

if ε> 0.5

R +R cos(Φstrat/2) if ε≤ 0.5.

(2.14)

The outputs of the flow pattern calculation are the stratification angle and the axial flume

thickness.
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2.3 Estimation of the heat transfer of the axial flume

The heat transfer of the bottom axial flume and the upper laminar film is calculated inde-

pendently. This section describes the heat transfer coefficient calculation for the bottom

part. Chitti et al. [38] calculated axial annular flow heat transfer in horizontal pipes. I used

the analogy of their derivation to calculate the axial bottom flume.

The input parameters of the calculation are the flow pattern geometry and the fluid proper-

ties described in Section 2.1. The flow direction (x) is the direction of the horizontal pipe, a

slide of the cross section (∆x) is considered in the calculation, which acts as a calculation

node (Fig. 2.3).

Vapor

Liquid

Φstrat

δb

δ f

y

z

y

x

R
r

δb

∆x

τv

τw

r = R − y

Figure 2.3: The axial flume flow

The following assumptions are considered for the bottom flow:

• steady, turbulent flow, characterized by the axial velocity component, whereas turbu-

lent length scale is considered from the Von-Karman theory;

• The thickness of the liquid film is uniform (Fig. 2.3); consequently, the flow is one-

dimensional;

• The liquid properties are constant in the liquid film;

• The liquid subcooling is negligible;

• The vapor is at saturation temperature;

• The gravitational effect is negligible;
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• The bottom flume thickness is uniform in the corresponding computational node.

The aim of the calculation is the heat transfer coefficient of the bottom axial flow. The defi-

nition of the heat transfer coefficient (Eq. 2.15) is reformulated (Tδ is the temperature at the

liquid vapor interface) by substituting the non-dimensional velocity (Eq. 2.16), coordinate

(Eq. 2.17) and temperature (Eq. 2.18) parameters:

αb = qw

Tw −Tδ
, (2.15)

u+ = u

u∗ = u√
τw /ρl

, (2.16)

y+ = yu∗

υl
= y

√
τw /ρl

υl
, (2.17)

T + = (Tw −T )u∗(
qw /

(
ρlCpl

)) . (2.18)

The result (Eq. 2.19) contains the non-dimensional temperature at the liquid–vapor surface

(T +
δ

) and the friction velocity (u∗):

αb = ρlCplu
∗

T +
δ

. (2.19)

The non-dimensional temperature is obtained from the heat governing equation (Eq. 2.20),

which is expressed by the heat eddy diffusivity (εh):

q =−(
λl +ρlCplεh

) dT

dy
. (2.20)

The heat conduction is uniform along the liquid layer, the heat is transferred in the radial

direction. Consequently, the vertical coordinate is used (y). The non-dimensional form of

the equation (Eq. 2.21) is a differential equation containing the Prandtl (Pr =µCp /λ) and

the turbulent Prandtl numbers:

q

qw
=

(
1

Pr
+ 1

Prt

[
εm

υl

])
dT +

dy+ . (2.21)

The turbulent Prandtl number is calculated as a ratio between the momentum and heat eddy

diffusivity (Prt = εm/εh). The governing equation is solved for the temperature (Eq. 2.22),

the integral is solved from the film surface (δ+b ) until the wall (0), i.e. through the liquid layer:

T +
δ =

∫ 0

δ+b

 q/qw

1
Pr + 1

Prt

[
εm
υl

]dy+
 . (2.22)

The heat transfer coefficient (Eq. 2.19) is determined by the following expressions:
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• the non-dimensional film thickness (δ+b );

• the friction velocity (u∗);

• the heat flux ratio (q/qw ) in terms of the non-dimensional coordinate (y+);

• the ratio of the momentum eddy diffusivity and the kinematic viscosity (εm/υl ) in

terms of the non-dimensional vertical coordinate (y+).

The non-dimensional liquid layer thickness is calculated by Eq.2.17 using the flume thick-

ness from the flow pattern calculation. In the followings, the calculation of the other three

terms is presented.

The friction velocity

The friction velocity is the characteristic velocity at the wall, which is defined with the wall

shear stress and the liquid density (Eq. 2.23):

u∗ = (τw /ρl )1/2. (2.23)

The wall shear stress is obtained from the force balance equation at the wall. The two phase

friction (TPF) forces act on the fluid element with an axial length dx (Eq. 2.24):

τw 2Rπ=
(

dP

dx

)
TPF

R2π. (2.24)

From the above equation, the wall shear stress is calculated by the two-phase flow pressure

drop (Eq. 2.25):

τw =
(

dP

dx

)
TPF

2R. (2.25)

The pressure drop is obtained by the Lockhart-Martinelli correlation, which is commonly

used to calculate the pressure drop of two-phase flows in pipes [104]. The model assumes

that the pressure loss of the two separate phases are independent. The phasic Lockhart-

Martinelli parameters (Eq. 2.26) are defined as the ratio of the two-phase pressure drop and

the corresponding single phase pressure drop:

φ2
vv =

(dP
dx

)
TPF(dP

dx

)
v

. (2.26)

The single phase pressure drop (Eq. 2.27) and the Lockhart-Martinelli parameter (Eq. 2.28,

substituting Eq. 2.29) are determined by empirical correlations (W is the mass flow rate):(
dP

dx

)
v
= 0.143 ·µ0.2

v (W ·Xm)0.8

ρv (2R)4.8
, (2.27)

φvv = 1+2.85 ·X 0.523
tt , (2.28)
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Xtt =
(
µl

µv

)0.1 (
1−Xm

Xm

)0.9 (
ρv

ρl

)0.5

. (2.29)

The friction velocity (Eq. 2.24) is calculated by substituting the expression for the two-phase

pressure drop (Eq. 2.30):

u∗ =
[

R

2ρl
φ2

vv

∣∣∣∣dP

dx

∣∣∣∣
v

]1/2

. (2.30)

The heat transfer distribution

The heat transfer distribution is derived from the heat flux continuity in the radial direction

(Eq. 2.31, L is the length):

q(2πr L) = qw (2πRL). (2.31)

The radial coordinate is transformed to the vertical coordinate (r = R − y), and the non-

dimensional transformation is used to obtain the result (Eq. 2.32):

q

qw
= R

r
= R

R − y
= 1

1− y+/R+ . (2.32)

The ratio of momentum eddy diffusivity and kinematic viscosity (εm/υl )

The ratio of the momentum eddy diffusivity and the kinematic viscosity (εm/υl ) is calculated

from the Prandtl’s mixing length theory, applying the Van-Dreist’t hypothesis [105].

The mixing length theory defines the mixing length (l ) in a turbulent boundary layer. The

mixing length is the maximum length, in which eddies travel perpendicular to the surface

in the boundary layer, while the time averaged velocity of the flow remains constant [105].

Van Driest modified the model, considering a damping function in the viscous sublayer,

which accounts for the eddy diffusivity [105]. The definition of the mixing length (Eq. 2.33)

contains empirical constants, the Von Karman’s constant (κ= 0.4) for pipes, and a dimen-

sionless viscous sublayer thickness (A+ = 26.0):

l = κy+
[

1− 1

ey+/A+

]
. (2.33)

The definition of the momentum eddy diffusivity (Eq. 2.34) is rearranged in the non-

dimensional form by substituting the mixing length (Eq. 2.33, obtaining Eq. 2.35):

εm = l 2
∣∣∣∣du

dy

∣∣∣∣ , (2.34)

εm

υl
= κ2 y+2

[
1− 1

e y+/A+

]2 ∣∣∣∣du+

dy+

∣∣∣∣ . (2.35)
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The velocity gradient is calculated from the Von-Karman velocity distribution (Eq. 2.36):

u+ =


y+ if 0 < y+ < 5,

−3.05+5.0lny+ if 5 < y+ < 30,

5.5+2.5lny+ if 30 < y+.

(2.36)

The final expression for the heat transfer coefficient

The substitution of the heat transfer distribution (Eq.2.31) and the εm/υl term (Eq.2.35) leads

to the integral for the temperature (Eq. 2.22), where all the terms are known parameters.

The three velocity groups are defined by the Von-Karman distribution, and the integrands

depend on the thickness of the liquid layer (Eq. 2.38-2.40):

T +
δ =



∫ 0

δ+b
I1 if 0 < δ+b < 5,∫ 0

5
I1 +

∫ 5

δ+b
I2 if 5 < δ+b < 30,∫ 0

5
I1 +

∫ 5

30
I2 +

∫ 30

δ+b
I3 if 30 < δ+b ,

(2.37)

I1(y+) = 1

1− y+
R+

 1

1
Pr + 1

Prt
κ2 · y+2

[
1− 1

ey+/A+
]2

 , (2.38)

I2(y+) = 1

1− y+
R+

 1

1
Pr + 5

Prt
κ2 · y+

[
1− 1

ey+/A+
]2

 , (2.39)

I3(y+) = 1

1− y+
R+

 1

1
Pr + 2.5

Prt
κ2 · y+

[
1− 1

ey+/A+
]2

 . (2.40)

The calculation of the friction velocity (Eq.2.30) and the non-dimensional temperature at

the liquid–vapor interface obtains the heat transfer coefficient for the bottom part of the

pipe:

αb = ρlCplu
∗

T +
δ

.

The heat transfer is neglected in the code, if the void fraction is smaller than 0.5.

2.4 Estimation of the heat transfer of the condensate film

The heat transfer coefficient of the upper laminar film layer is calculated independently

from the bottom part heat transfer. The Nusselt’s theory of laminar film condensation on

vertical walls was applied [16]. The theory considers the condensate as downwards flow, on
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which the gravity force acts, and condensate is added to the flow at the vapor–liquid surface.

The Nusselt theory divides the flow into fluid elements. The analogy was applied for the

stratified flow; Figure 2.4 shows the fluid element of the upper laminar film.

Figure 2.4: Scheme of the falling laminar condensate film. The incoming mass flow has two
components, the condensation mass flow (dṁ), and the mass flow from the falling film (ṁ).
The local heat flux (dq) is constant through the film, which has saturation temperature at
the surface (Ts), and the wall temperature is Tw . The local liquid film thickness (δ f ) is a
function of the angular coordinate (φ).

The following assumptions were considered for the film condensation in horizontal pipes

and for the two-dimensional fluid element:

• the flow is laminar and the thermal profile is fully developed, linear across the film;

consequently, one-dimensional heat conductivity applies through the liquid film to

the wall,

• the vapor temperature is uniform and at saturation temperature;

• the liquid properties in the film are constant, i.e. they do not vary with the tempera-

ture;

• the film thickness is negligible compared to the radius; therefore, the fluid element

considered as an element of an inclined vertical wall. Hence, the area of the fluid

element at the vapor–liquid interface and the wall is equal to Rdφ, where φ is the

polar coordinate, which runs along the periphery of the pipe;

• the horizontal pipe has an inclination of θ.

The Nusselt’s theory of film condensation assumes that the driving force for the condensa-

tion is the heat transfer through the liquid film. Hence, the released heat of condensation is

equal to the heat, which can be conducted through the liquid film to the wall.

The heat flux across the liquid film depends on the film thickness and the thermal conduc-

tivity of the liquid (Eq. 2.41), if the convective effects are neglected:

dq ′′(φ) = λl

δ f
(Ts −Tw )Rdφ. (2.41)
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Using the definition of the heat transfer coefficient (Eq. 2.42), we can conclude that the local

heat transfer coefficient of the fluid element is equal to the thermal conductivity divided by

the film thickness (Eq. 2.43):

αloc(φ) = q ′′(φ)

Ts −Tw
, (2.42)

αloc(φ) = λl

δ f (φ)
. (2.43)

Consequently, the heat transfer coefficient is determined through the local liquid film

thickness. The film thickness is determined by solving the force balance equation in the

direction of the flow (i.e. φ) for the fluid element (Eq. 2.44):

(r − (R −δ f ))r Rdφdx (ρl −ρv )g cosθ sinφ= τdu

dr
r dφdx. (2.44)

The inertia effects are negligible [106], and steady state conditions are assumed; therefore,

the flow element has zero acceleration. The left hand side of Eq. 2.44 is the gravity acting on

the element in the direction of the fluid velocity, accounting for the inclination of the pipe.

The left hand side is the viscosity force.

The above equation is rearranged (Eq. 2.45) by applying the transition of the coordinate

system(y = R − r ). The y coordinate is zero at the pipe wall, and it is equal to R in the center

of the pipe:

(δ f − y)(ρl −ρv )g cosθ sinφ=µv
d2u

dy2
. (2.45)

The velocity distribution (Eq. 2.47) in the condensate film is calculated by integrating

Eq. 2.45. The velocity is zero at the wall, and the velocity gradient is zero at the liquid–vapor

interface (Eq. 2.46):

u(y = 0) = 0;

∣∣∣∣du

dy

∣∣∣∣
y=δ f

= 0, (2.46)

u(y) = (ρl −ρv )g cosθ sinφ

2µl

(
yδ f −

y2

2

)
. (2.47)

The velocity distribution in the liquid film is used to calculate the mass flow rate of the flow

element, by integrating the velocity along the film thickness, and multiplying with the liquid

density (Eq. 2.48):

ṁ = ρl

∫ δ f

0
u(y)dy = (ρl −ρv )g cosθ sinφ

3µl
δ3

f ρl . (2.48)

The above equation is a function between the mass flow rate and the film thickness. The

differentiation of the relation yields Eq. 2.49. The dṁ term is the additional mass flow in the

corresponding fluid element, which originates from condensation:

dṁ

dδ f
= ρl (ρl −ρv )g cosθ sinφ

µl
δ2

f . (2.49)
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The energy conservation equation provides a relation between the additional mass flow rate

and the heat flux (Eq. 2.50):

dq = hlvdṁ. (2.50)

The heat flux in Eq. 2.50 is substituted with Eq. 2.41, obtaining the additional mass flux

(Eq. 2.51):

dṁ = λl

δ f

1

hlv
(Ts −Tw )Rdφ. (2.51)

Equation 2.51 is substituted into Equation 2.49, the result is a correlation between the flow

rate and the film thickness (Eq. 2.52):

λl

δ f

1

hlv
(Ts −Tw )

Rdφ

dδ f
= ρl (ρl −ρv )g cosθ sinφ

µl
δ2

f (φ). (2.52)

The variables are separated (Eq. 2.53), and the equation is integrated (Eq. 2.54). After

rearrangement, the film thickness is expressed as a function of the angular coordinate φ

(Eq. 2.55):

λlµl (Ts −Tw )Rdφ= ρl (ρl −ρv )g cosθ sinφhlvδ
3
f (φ)dδ, (2.53)

λlµl (Ts −Tw )Rφ= ρl (ρl −ρv )g cosθ sinφhlv

δ4
f (φ)

4
, (2.54)

δ f (φ) =
[

4λlµl (Ts −Tw )R

ρl (ρl −ρv )g cosθhlv

]1/4 [
φ

sinφ

]1/4

. (2.55)

The film thickness is substituted into Eq. 2.43; as a result, the local heat transfer coefficient

is estimated (Eq. 2.56):

αloc(φ) =
[
ρl (ρl −ρv )g cosθhlvλ

3
l

4µl (Ts −Tw )R

]1/4 [
sinφ

φ

]1/4

. (2.56)

The integral of the local heat transfer coefficient for the periphery of the pipe is the average

heat transfer coefficient of the liquid film (Eq. 2.57):

α f =
[
ρl (ρl −ρv )g cosθhlvλ

3
l

4µl (Ts −Tw )R

]1/4
2

Φstrat

∫ Φstrat /2

0

[
sinφ

φ

]1/4

dφ. (2.57)

This latter expression contains known geometrical and fluid parameters and the inner

wall temperature. The stratification angle comes from the flow pattern calculation. The

temperature is calculated in the MATLAB function, as it is described in the next section.
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2.5 Calculation of the inner wall temperature

The heat transfer through the wall is described by the heat conduction equation (Eq. 2.58).

To calculate the temperature of the inner wall of the tube, the equation is solved:

∂

∂r
λr

∂T

∂r
= 0. (2.58)

The following assumptions were considered during the calculation:

• no heat generation happens and no heat is stored in the pipe wall;

• steady state heat conductivity is assumed;

• the wall thermal conductivity is linear with the temperature (Eq. 2.59);

• the boundary conditions for the outer and inner walls are Eq. 2.60 and 2.61, i.e. the

heat transfer coefficient corresponds to the temperature gradient at the wall;

• polar coordinate system was applied:

λw =λ0(1+βT ), (2.59)

αin
(
Ts −Tw,in

)=λ[
∂T

∂r

]
R,in

, (2.60)

αout
(
Tw,out −Tout

)=λ[
∂T

∂r

]
R,out

. (2.61)

The heat conduction equation is integrated along the radius (Eq. 2.62). The C constant is

evaluated from the boundary condition at the inner wall (Eq. 2.60, resulting Eq. 2.63):

λr
∂T

∂r
=C , (2.62)

C =αinRin
(
Ts −Tw,in

)
. (2.63)

After separating the variables, and integrating the equation (Eq. 2.64), the relation between

the outer and inner wall temperature obtains (Eq. 2.65):∫ Tw,out

Tw,in

λ0(1+β ·T )dT =
∫ Rout

Rin

C

r
dr, (2.64)

λ0
(
Tw,out −Tw,in

)+ λ0β

2

(
T 2

w,out −T 2
w,in

)
=C · ln

Rout

Rin
. (2.65)

The two boundary condition equations above (Eq. 2.60-2.61) are divided, and rearranged.

The expression is obtained for the outer wall temperature as a function of the inner wall
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temperature and the outer cooling water temperature (Eq. 2.66):

Tw,out = αinRin

αoutRout

(
Ts −Tw,in

)+Tout . (2.66)

Equation 2.63 and 2.66 is substituted into equation 2.65. The result contains one unknown

parameter, which is the inner wall temperature (Eq. 2.67):

λ0

((
αinRin

αoutRout

(
Ts −Tw,i n

)+Tout

)
−Tw,in

)
+

λ0β

2

((
αinRin

αoutRout

(
Ts −Tw,in

)+Tout

)2

−T 2
w,in

)
=αinRin

(
Ts −Tw,in

)
ln

Rin

Rout
. (2.67)

The equation can be rearranged into the form of a quadratic equation (Eq. 2.68). The a, b, c

parameters contain known parameters (Eq. 2.69-2.71):

a ·T 2
w,in +b ·Tw,in +c = 0, (2.68)

a = λ0β

2

((
αinRin

αoutRout

)2

−1

)
, (2.69)

b =−λ0

(
αinRin

αoutRout
−1

)
−λ0β

αinRin

αoutRout

(
αinRin

αoutRout
Tout

)
+αinRin ln

Rout

Rin
, (2.70)

c =λ0
αinRin

αoutRout
Ts +λ0Tout + λ0β

2

(
αinRin

αoutRout
Tout

)2

−αinRinTs ln
Rout

Rin
. (2.71)

The two roots of the quadratic equation are obtained by the quadratic formula (Eq. 2.72):

T 1;2
w,in = −b±

√
b2 −4ac

2a
. (2.72)

The temperature of the inner wall is higher than the outer surface temperature, and lower

than the saturation temperature, which provides a filter for choosing the physical solution

of the equation.

The calculation described in this section is applicable for both the upper and bottom part of

the pipe. The iteration process is applied at the upper part, because the equation contains

the heat transfer coefficient of the inner wall. For the bottom part the situation is simpler,

because the heat transfer coefficient equation does not contain the inner wall temperature.
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2.6 Calculation of the average heat transfer coefficient

The average heat transfer coefficient of the cross section can be calculated (Eq. 2.73) from

the two heat transfer coefficient and the stratification angle. The length of the upper and

bottom part is estimated by Eq. 2.74 and 2.75:

αaverage =
α f p f +αs pb

p f +pb
= α f Φstrat +αb(2π−Φstrat)

2π
, (2.73)

p f = RΦstrat , (2.74)

pb = R(2π−Φstrat). (2.75)

2.7 Conclusions from the calculation with the mechanistic

model

The steps of the heat transfer calculation are summarized in Fig. 2.5. The functions were

coded in MATLAB. The calculation results in an average heat transfer coefficient for a

computational node, i.e. for the cross section of a horizontal pipe. The calculation for the

upper liquid film and the bottom axial flume is independent, and an average heat transfer

coefficient results from the flow pattern calculation.

The heat transfer coefficient of the cross section depends on the radius of the pipe, the

void fraction, the initial pressure, the outlet temperature and the inclination of the pipe.

Figure 2.6 shows an example of the output of the MATLAB model; the box shows the input

parameters. The calculated results are the two heat transfer coefficients, the inner wall

temperatures, the stratification angle, the film thicknesses, and the average heat transfer

coefficient.

The code allows the change of the parameters, and the analysis of the heat transfer depend-

ing on the various input parameters.

The INVEP experimental conditions were used to test the model (Section 1.4.1). Figure 2.6

shows the output of the MATLAB code for the b07 experiment. The purpose was to analyze

the ratio between the upper and bottom part heat transfer coefficient, and the average heat

transfer coefficient dependence on the local void fraction.

The void fraction dependence was tested by changing the void fraction with constant initial

parameters. Figure 2.7 shows the average heat transfer coefficient according to the void

fraction data for the b07 INVEP experiment. The heat transfer coefficient is changing with a

changing void fraction. The increasing heat transfer surface with the increasing void in the

tube results in a higher heat transfer to the secondary side.
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Figure 2.5: Flowchart of the MATLAB calculation
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Figure 2.6: Output of the MATLAB model (HTC is the heat transfer coefficient)
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Figure 2.7: Calculated heat transfer coefficient as a function of void fraction in the MATLAB
calculation

The conclusions form the MATLAB calculation are the following:

• the bottom part heat transfer coefficient is negligible compared to the heat transfer

coefficient of the upper part;

• the void fraction is an important parameter, which has a significant effect on the heat

transfer coefficient. Therefore, the stratification angle effect is not negligible;

• the area of the liquid at the upper part is negligible compared to the bottom part liquid

fraction; therefore, the refinement of the flow pattern calculation is not necessary.

The above described model was implemented into the RELAP5/mod3.3, and the above con-

clusions were considered (See Section 4.1). The modified RELAP5 code was validated against

the INVEP experiment. The assumptions of the model were justified by the computational

fluid dynamics calculations (Chapter 5).



3 Condensation model development for
computational fluid dynamics

The mechanistic approach of the previous chapter is based on a simplified geometry to

describe the flow pattern in a horizontal pipe with condensation. Although the model does

not fully represent the reality, it is sufficient to capture the main features. The mechanistic

approach requires the assumption on the distribution of the phases and the velocities in

the cross-section, while in reality the flow field and the phase distribution are the results of

three-dimensional fluid-dynamics represented by the Navier-Stokes equations.

As an alternative to the mechanistic approach, three-dimensional fluid dynamics simula-

tions using a commercial code was pursued. The simulations deliver the geometry of the

interface as well as the flow field as a result of the integration of fundamental governing

equations. For this purpose, an appropriate representation of the interface has to be chosen,

which is the VOF method. The CFD simulations rely on geometry independent models, as

they are formulated for the cells of the discretized flow domain. Therefore, experimental

data from geometries different from the slightly inclined pipe can be used to check the

validity of the CFD models.

This chapter summarizes the modeling strategy for phase change phenomena, particularly

condensation, in CFD codes. Four methods are presented to calculate the mass and heat

transfer. The four methods were coded in the C computational language, and they were

implemented into the FLUENT software.

The first section (3.1) describes the theory of phase transition at the liquid–vapor interfacial

region. Macroscopic treatment is applied to derive the heat flux balance equation at the

interface. Another approach, the phase field theory is used to derive an equation for the

mass transfer rate at the interface. Section 3.2 describes the theory of the four condensa-

tion models. Section 3.3 summarizes the considered aspects of the implementation, and

Section 3.4 presents details about the implementation.

The FLUENT code with the implemented models was validated calculating condensation in

two experimental facilities (Chapter 5).

61
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3.1 Phase change in the liquid–vapor interfacial region

The driving force of the thermal phase transition is the temperature difference between two

adjacent phases. We talk about melting or solidification if the two phases are solid and liquid,

and boiling and condensation occurs in liquid–vapor interactions. In the following sections,

only liquid–vapor phenomena are considered [104]. Both microscopic and macroscopic

perspectives are introduced.

In continuum mechanics, the interface is a two-dimensional surface, where sharp discon-

tinuity occurs in the material properties [104]. This macroscopic treatment neglects the

thickness of the interface (Fig. 3.1.b). The microscopic treatment (Fig. 3.1.a) considers a

region between the bulk liquid and vapor, where the density and other material properties

continuously vary.

Figure 3.1: Microscopic (b) and macroscopic (b) treatment of the density at the interface

The microscopic perspective acknowledges the presence of a thin interfacial region on

a molecular level (Fig. 3.2). The molecular interactions in this region lead to a better

understanding of the interfacial phenomena.

Figure 3.2: Molecular density variation at the interface in the molecular level

In the interfacial region the density of the molecules is lower than in the bulk liquid. The

higher spacing between the molecules weakens the repulsive force of the direct neighbors,
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and has negligible effect on the attractive force of the other molecules. Thus, this force

imbalance draws the molecules towards the bulk fluid. The molecules in the interfacial

region have higher energy; in other words, the interface introduces an additional free energy

in the interfacial region [104], which is interpreted as a surface tension.

The Van der Waals theory of capillarity is used to extend the classical thermodynamic

analysis to the interfacial region. The theory assumes that the material properties vary

continuously at the interface, where local thermodynamic equilibrium exists. The theory is

based on the mean field theory, i.e. the parameters of each molecule is driven by the mean

field of the surrounding molecules [104].

The theory applies to a system with constant temperature and volume, hence, the second

law of thermodynamics states that the equilibrium of the system corresponds to a minimum

in the Helmholtz free energy, i.e. to the surface tension [104].

The microscopic treatment explains the origin of the surface tension and capillarity phe-

nomenon. Such phenomena are beyond the scope of this thesis; for further details on the

topic, see e.g. [107], [108].

The next section considers the macroscopic aspects of the interface to describe the transport

effects between the two phases.

3.1.1 Transport effects at the liquid-vapor interface

In macroscopic perspective the interface is a two-dimensional surface between the liquid

and the vapor of the same substance, where the material properties change abruptly (sharp

interface approach). The boundary and transport conditions at the interface have to be

determined before solving the continuity equations [104].

To derive the boundary conditions at the interface, the conservation principle of the mass,

momentum and energy is applied for a thin control volume with an area Ai around the

interface. The control volume moves together with the interface at the speed of dZi /dt

in the direction of the interface normal vector (~n); and it is thin enough that no mass

accumulates here (Fig. 3.3). The velocity of the liquid and the vapor phase in the direction

of the interface normal vector is wl ,n and wv,n , respectively. The~s vector is an orthogonal

direction of the tangential plane of the interface. The interface normal vector is calculated

as ~nl =−~nv =∇εv / |∇εv |, where ε is the void fraction.

Figure 3.4 shows the mass transport and the tangential and normal momentum transport at

the interface. Figure 3.5, similarly, shows the energy balance at the interface.
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Figure 3.3: The interface and the control volume between the liquid and vapor phases. The
~s–~n coordinate system indicates the tangential and the normal vector of the interface. The
~s vector is an orthogonal direction of the tangential plane. The liquid, the vapor and the
interface move with different velocities (wv,n , wl ,n and dZi /dt , respectively)
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Figure 3.4: Mass and momentum balance at the interface. Ai is the area of the interface con-
trol volume, τ is the shear stress, σ is the surface tension, Zi is the location of the interface
along the normal coordinate, r1 and r2 are the inner and outer radius of the interface, w is
velocity component, where the index indicates the direction and the phase. Coordinates
and velocities in the normal direction from the liquid to the vapor are positive [104].



3.1. Phase change in the liquid–vapor interfacial region 65

interface

n̄

s̄

LIQUID VAPOR

ρl

(
wl,n − dZi

dt

)
hl dAi ρv

(
wv,n − dZi

dt

)
hv dAi

ρl

(
wl,n − dZi

dt

)[
1
2c2

l

]
dAi ρv

(
wv,n − dZi

dt

)[
1
2c2

v

]
dAi

q
′′
l dAi q

′′
v dAi

Figure 3.5: Energy balance at the interface considering the contribution of the fluid enthalpy
and kinetic energy transported by the phases, the thermal energy transport through con-
duction and radiation. Ai is the area of the interface control volume, Zi is the location of
the interface along the normal coordinate, h is the entropy of the corresponding phase, w is
velocity component, where the index indicates the direction and the phase, c is the mag-
nitude of the velocity, q

′′
is a heat flux. Coordinates and velocities in the normal direction

from the liquid to the vapor are positive [104].

The liquid and vapor mass flux towards the interface considers a relative velocity of the

corresponding phase and the control volume. The conservation of mass principle requires

that the mass entering an leaving the control volume is equal, thus (Eq. 3.1):

ρl

(
wl,n −

dZi

dt

)
dAi = ρv

(
wv,n − dZi

dt

)
dAi . (3.1)

The conservation of momentum normal to the interface (Eq. 3.2) considers the pressure

(P ) and surface tension forces (σ is a surface tension, r1 and r2 are the inner and outer

radius of the interface):

Pl −Pv =σ
(

1

r1
+ 1

r1

)
+ρv

(
wv,n − dZi

dt

)
wv,n −ρl

(
wl,n −

dZi

dt

)
wl,n. (3.2)

The conservation of momentum in the direction of the tangent vector~s includes the shear

stress (τ) at the interface and the surface tension variation along the interface (Eq. 3.3):

τl,s −τv,s −
(

dσ

ds

)
= ρl

(
wl,n −

dZi

dt

)
wl,s −ρv

(
wv,n − dZi

dt

)
wv,s. (3.3)

The conservation of energy contains the heat fluxes on the two sides of the interface (q
′′
),

the kinetic energy (c is the magnitude of the velocity) and the enthalpy (h) transported by

the liquid and the vapor (Eq. 3.4):

q
′′
v −q

′′
l = ρl

(
wl,n −

dZi

dt

)[
1

2
c2

l +hl

]
−ρv

(
wv,n − dZi

dt

)[
1

2
c2

v +hv

]
. (3.4)
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The momentum balance equation normal to the interface (Eq. 3.2) takes the form of the

Young-Laplace equation, if the liquid and vapor momentum terms are neglected (Eq. 3.5).

Consequently, the pressure difference of the two fluids depends on the geometry of the

interface and the surface tension:

Pl −Pv =σ
(

1

r1
+ 1

r2

)
. (3.5)

For constant surface tension and continuously varying velocity field in the phases, together

with a no-slip condition for the tangential velocity component, the momentum balance

equation (Eq. 3.3) reduces to the shear stress balance at the interface (Eq. 3.6):

τl,s = τv,s. (3.6)

For Newtonian fluids the shear balance equation takes a form of Eq. 3.7, where µ is the

viscosity:

µl

(
∂wl,n

∂s
+ ∂wl,s

∂s

)
z=Zi

=µv

(
∂wv,n

∂s
+ ∂wv,s

∂s

)
z=Zi

. (3.7)

The magnitude of the velocity in the energy balance equation (Eq. 3.4) is calculated relative

to the control volume (Eq. 3.8):

cp =
√(

wp,n − dZi

dt

)2

+w 2
p,s1 +w 2

p,s2. (3.8)

The mass conservation equation (Eq. 3.1) is substituted in the energy balance equation

(Eq. 3.4), and thermal equilibrium is assumed at the interface (hlv = hl −hv ); hence, the

conservation of energy is reformulated as Eq. 3.9:

q
′′
v −q

′′
l = ρl

(
wl,n −

dZi

dt

)[
1+ c2

l − c2
v

2hlv

]
hlv. (3.9)

The continuous velocity field across the interface indicates that the vapor and liquid ve-

locity magnitude is equal. Moreover, the saturation temperature is equal to the saturation

temperature of the corresponding vapor pressure, if the interface curvature is small. If the

radiation effects are negligible, the heat flux is equal to the thermal heat conductivity (λ)

multiplied with the temperature gradient at the interface (Eq. 3.10):

q
′′ =λ

(
dT

dz

)
z=Zi

. (3.10)

With the above assumptions, the thermal boundary condition at the interface is:

λv

(
dT

dz

)
z=Zi

−λl

(
dT

dz

)
z=Zi

= ρl

(
wl,n −

dZi

dt

)
hlv. (3.11)

The right hand side of Eq. 3.11 is the mass transfer rate per unit area (Γ) multiplied by the

latent heat of evaporation. Hence, the interfacial mass transfer rate is derived from the
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energy balance at the interface (Eq. 3.12):

Γ̇lv =
q

′′
v −q

′′
l

hl −hv
. (3.12)

The mass transfer rate per unit volume (ṁ) is the mass transfer rate per unit area multiplied

by the interfacial area density (Alv) :

ṁlv = Γ̇lv Alv. (3.13)

The interfacial area density is the gradient of the void fraction (Eq. 3.14) :

Alv = |∇ε| . (3.14)

Substituting the above expressions in Eq. 3.9, the result is the volumetric phase change mass

transfer equation (Eq. 3.15):

ṁlv =
λv

(dT
dz

)
z=Zi

−λl
(dT

dz

)
z=Zi

hlv
∇ε. (3.15)

The above equation provides the boundary condition at the interface, which closes the

continuity equations.

3.1.2 Phase field modeling of the interfacial region

Solving directly the heat flux balance at the sharp interface (Eq. 3.15) obtains accurate result

only if the thermal boundary layer is resolved by the mesh. The model implementation into

numerical solvers is difficult due to the calculation of the temperature gradient. The above

model was implemented into the FLUENT software (see Section 3.2). However, another

approach is used as well, to overcome the limitations of the heat flux balance based models.

Badillo [84], [85] developed a general model using phase field theory for boiling phenomena.

This section summarizes his results.

The phase field theory is a mathematical approach to calculate interface related problems.

Diffuse interface is considered, i.e. the material properties vary continuously along the

interfacial region. The interfacial region in the theory is not equivalent to the one of the

micro scale, which is couple of angstrom thick. The interfacial region here is rather a

mathematical concept, which is defined by the size of the computational cells.

The principle behind the phase field theory is the free energy (H) minimization of processes

in the nature. The system, which evolves from the higher free energy level to a lower one, is

described mathematically by the negative free energy derivative (Eq. 3.16):

dH

dt
< 0. (3.16)
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If the free energy changes only by the distribution of an order parameter (φ), then the above

equation is reformulated (Eq. 3.17) with the functional derivative (δ) and the integral on the

system volume (Ω): ∫
Ω

(
δH

δφ

∂φ

∂t

)
dΩ< 0. (3.17)

To satisfy the inequality for a non-conserved order parameter, the evolution of φ is:

∂φ

∂t
=−∑

i
Mi

(
δH

δφ

)i

for i = 1,2,3... and Mi > 0. (3.18)

The linear terms dominate in systems close to the equilibrium; thus, the higher order terms

are neglected, and Eq. 3.18 yield the Allen-Cahn equation (Eq. 3.19), which is a governing

equation in phase field models with non-conserved order parameters:

∂φ

∂t
=−M µ̂, (3.19)

where the M constant is a mobility coefficient, and µ̂ is the transformation potential.

The order parameter in phase change processes is the phase field. The phase field has two

distinct values, and it varies smoothly across the interface [109]. The interfacial region is

represented by the energy of the mixture.

Badillo [84] derived a set of equations to describe the flow field using the two-phase flow

averaged approach. The detailed derivation is found in [84], and it is not repeated here. The

two-phase flow averaged approach assumes an internal micro-structure, where the two

phases are separated by a sharp atomic interface, and an averaging procedure is done on

a control volume containing an interface (Fig. 3.6). The Xp (~x) function is equal to one in

phase p, and it is zero otherwise. The average of this function obtains the volume fraction

(φp = 〈Xk〉). The volumetric average of a quantity Φ (for phases p = v, l ) in the control

volume is defined as:

〈Φ〉 = 1

V

∫
V

(
ΦXp

)
dVp ; (3.20)

The normal vector of the interface is ~np =−∇φp /
∣∣∇φp

∣∣. The velocity of the mixture is the

volume-weighted average:

~̄u =φl

〈
~ul

l
〉
+φv

〈
~uv

v〉
; (3.21)

Similarly, the material properties, as the density (ρ̄ = ρlφl +ρv
(
1−φl

)
) and the heat capacity

per unit mass (C̄p = (
ρlCplφl +ρvCpv

(
1−φl

))
/ρ) are calculated as a weighted average.

Figure 3.6: Control volume for the two-phase flow averaging approach [84]
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The above described averaging technique yields the model equations (ṁl is an interfacial

mass transfer rate per unit volume):

1. Mass conservation:

∇· ~̄u =−
(

1

ρl
− 1

ρv

)
ṁl ; (3.22)

2. Linear momentum conservation (for the details about the momentum equation,

see [84]):
∂ρ̄~̄u

∂t
+∇· (ρ̄~̄u~̄u)=−∇P̄ +∇· (µ̄(∇~̄u +∇~̄uT ))+ ~̄f +~f σlv ; (3.23)

3. Energy conservation:

ρ̄C̄P

(
∂T

∂t
+ ~̄u∇T

)
=−∇q̄ −hlvṁl + S̄ + (

ρlCPl −ρvCPv
)× wp

2

(∇· ~̄u)
~nl∇T ; (3.24)

In the equation the mixture heat flux is defined as q̄ =φl q̄l +φv q̄v , similarly to the

mixture source (S̄). The characteristic interface thickness is w . The last term in the

right hand side is a correction factor, which acts against the non-linearity of the energy

equation due to the phase change. This term (Eq. 3.25) is zero outside of the interfacial

area, and can be calculated by substituting the mass conservation equation:

Ecorr =
(
ρlCPl −ρvCPv

)× wp
2

(
1

ρv
− 1

ρl

)
~nl∇T ; (3.25)

4. Phase field equation:

∂φl

∂t
+∇· (φl ~̄u

)=−ṁl

ρl
+ (

2φl −1
)∇~̄u; (3.26)

5. Mass evaporation rate:

ṁl = ρM µ̂. (3.27)

The above equation is the consequence of the Allen-Cahn equation (Eq. 3.19), which

describes the time derivative of a non-conserved order parameter. The mobility

coefficient is calculated as Eq. 3.28, the transition potential is Eq. 3.29:

M = w I0

4στ
, (3.28)

µ̂= 4σ

w I0

w

d0

a1Cpl

hlv
2φl

(
1−φl

)
∆T. (3.29)

In the above equations, w is the interfacial area thickness, usually equal to the grid spacing,

σ is the surface tension. The integral I0 is equal to a constant 2
p

2/3, and the thermal

capillary length is:

d0 =
σTsρvCpv

(
1−ρv /ρl

)(
ρv hlv

)2 . (3.30)
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The relaxation time (τ) is the time scale governing the transformation at mesoscale. The

value of the relaxation time is derived from the asymptotic analysis of the conservation

equations (for the temperature far from the critical temperature):

τ= w

d0

w 2

Dl
a2. (3.31)

The constants in the above equations are a1 = 1/
p

2, a1 = 5/
(
6
p

2
)
, and Dl =λl /

(
Cplρl

)
.

Substituting the relaxation time (Eq. 3.31), the mobility coefficient (Eq. 3.28) and the transfor-

mation potential (Eq. 3.29) into the mass flux equation (Eq. 3.27), and using the expression

for the gradient of the order parameter (Eq. 3.32) yields to the general expression for the

phase change mass flux (Eq. 3.33):

∣∣∆φl
∣∣= p

2φl
(
1−φl

)
w

. (3.32)

ṁl = ρ
6
p

2

5

Dl

w

Cpl

hlv
∆T

∣∣∆φl
∣∣ . (3.33)

This latter expression is the condensation mass transfer for the interfacial cells in the

computational domain.

3.2 Model development for phase change phenomena

The development of phase change models requires the understanding of the possibilities

and limitations of the VOF method and the phenomenon itself. The literature review (Sec-

tion 1.3.2) and the study of the FLUENT software led to the development of four independent

models to calculate the heat and mass transfer coefficient:

1. Lee numerical iteration technique [78];

2. Surface renewal theory correlation [72];

3. Direct solution of the heat flux balance equation;

4. Phase field theory based equation [84].

The next sections introduce the background of the models. The last subsection contains

information about the additional numerical tools necessary for the implementation into

FLUENT.

The volumetric mass transfer rate is calculated for the phase change process (ṁ). The mass

transfer rate is added as a source in the vapor continuity equation (Eq. 1.54), the source of

the liquid continuity equation is the negative value of the vapor source (−ṁ). The source in

the energy equation (Eq. 1.56) is calculated from the latent heat and the mass transfer rate

(Q =−ṁhlv).
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3.2.1 Lee numerical iteration technique

The Lee model [78] imposes a boundary condition at the interface that the temperature is

at the saturation value. In other words, a mass source is calculated if two conditions met:

• if the corresponding cell contains an interface, i.e. the void fraction is not equal neither

to one nor zero, and

• the temperature of the corresponding cell differs from the saturation temperature.

If the above conditions are true, the vapor mass source is calculated from the relaxation

factor (r ), the void fraction (ε), the density (ρ), the cell temperature (Tcell) and the saturation

temperature (Ts):

ṁv =


−r εlρl

Tcell −Ts

Ts
if Tcell ≥ Ts ,

−r εvρv
Tcell −Ts

Ts
if Tcell < Ts .

(3.34)

The r relaxation factor influences the final residual difference of the interfacial temperature

from the saturation value and the speed of convergence. Low values of the relaxation factor

cause unacceptable deviation from the saturation temperature in the interfacial cells, and

high r values cause difficulties in the convergence of the solver. Therefore, the relaxation

factor has to be tuned such that compromise is found between the final result and the

convergence speed.

The main drawback of the method is the value of the relaxation time has to be tuned for each

simulations independently. The long expected calculation time of the simulation limits the

usability of the model, considering the trial-and-error procedure it requires.

The Lee numerical iteration model was implemented as the equation above.

3.2.2 Surface renewal theory correlation

The driving force of the condensation is the temperature difference from the saturation tem-

perature of a liquid or surface which is adjacent to the vapor. A heat transfer coefficient (α)

defines the transferred heat per unit temperature gradient, time and unit area of the surface

or interface.

Knowing both the temperature difference between the interface (Ti ) and the fluid (Tp ) and

the heat transfer coefficient (αip, p = v, l ), the heat flux (q
′′
) is calculated on both sides of

the interface as Eq. 3.35:

q
′′ =αip

(
Ti −Tp

)
. (3.35)

Applying this expression in the heat flux balance equation (Eq. 3.12), the heat transfer
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coefficient directly calculates the phase change mass transfer (Eq. 3.36):

ṁlv =
αiv (Ti −Tv )−αi l (Ti −Tl )

hlv
|∇ε| . (3.36)

The comparison of the above equation to Eq. 3.15 results in Eq. 3.37 for the two phases

(p = v, l ):

λp

(
dT

dz

)
=αip

(
Ti −Tp

)
. (3.37)

The heat transfer equation (Eq. 3.36) is equivalent to the heat transfer calculation in the

RELAP5 code (Eq. 1.19 in Section 1.2.1).

The main consequence of the above equation is that knowing the heat transfer coefficient

provides the phase change mass transfer as well, without a need to calculate the temperature

gradient. The approach is widely used in engineering applications (e.g. RELAP5); therefore,

attempts were made to adopt this method in CFD calculations as well.

The surface renewal theory is based on the assumption that the heat transfer correlation in

direct contact condensation depends on the turbulence level in the liquid, as turbulence

eddies transport the heat away from the interface [72]. The theory suggests that wave

formation between the liquid and the vapor, i.e. the turbulent eddies cause the presence of

a bulk state at the interface, which affects the molecular diffusion into the liquid state. The

renewal theory calculates the effect of the reduced interfacial shear and the eddy diffusivity

distribution on heat and mass transfer by directly deriving them from the momentum

transfer.

The renewal theory calculates the heat transfer coefficient from the renewal period, which is

the ratio of the eddy velocity (Vt ) and length scale (Lt ). The Hughes-Duffey correlation [67]

was implemented into the FLUENT software, as the correlation was used for the LAOKOON

experiment in previous works [69]. In the equations, υ is the kinematic viscosity, kl is the

turbulence kinetic energy and εl is the turbulence dissipation:

αSR = 2p
π
λl

(
µCpl

λl

)1/2 (
1

Lt

)1/2 (
Vt

υl

)1/2

, (3.38)

Lt =
(
υ3

l

ε

)1/4

, (3.39)

Vt = (υlεl )1/4 . (3.40)

The surface renewal correlation assumes that the gas is at saturation temperature; hence, the

mass transfer depends on the temperature gradient in the liquid phase only. This boundary

condition is exposed in the two-fluid models by setting the gas temperature to saturation

and disregard the gas energy equation. This approach is not feasible for the VOF method, as

only one energy equation is solved for the whole domain.
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The surface renewal theory heat transfer was implemented into the FLUENT code as Eq. 3.38.

The driving force was calculated as the temperature difference between the cell temperature

and the saturation temperature. The gas side heat transfer was not considered; consequently,

the mass transfer rate is (Eq. 3.41):

ṁv = αSR (Tcell −Ts)

hlv
|∇ε| . (3.41)

3.2.3 Direct solution of the heat flux balance equation

The heat flux balanced based model directly applies Eq. 3.42:

ṁlv =
λv∇Tv∇εv −λl∇Tl∇εl

hlv
. (3.42)

The model requires the temperature gradient at the liquid and the vapor side. The VOF

method has one temperature field for the whole fluid domain; therefore, the cell based

temperature gradient calculation does not distinguish between the liquid an the gas phases.

The condensation is driving the interface to the saturation temperature; hence, the sub-

cooling of the gas phase is allowed in the calculation. The implementation of the heat flux

balance equation requires the calculation of the temperature gradient on both sides of the

interface. The discrete form of the Gauss theorem was applied to calculate the gradients.

Gradient of scalars

The gradient of an arbitrary scalar (φ) can be calculated by the discrete form of the Green–

Gauss theorem [110]. The theorem states that the gradient of the scalar in the center of the

cell is equal to the sum of the scalar on the faces multiplied with the face surface vector (A f

is a face area, ~n is the face normal vector) divided by the volume of the cell (Vc in Eq. 3.43):

∇φc = 1

Vc

∑
faces

φ f A f ~n. (3.43)

Gradient of the temperature

The temperature is represented by one scalar field in the VOF method; therefore, the build

in gradient is equal for the two phases. The implemented gradient calculation splits the

temperature field into two:

• for the vapor temperature gradient calculation the gas temperature is the temperature

of the cell, whereas the liquid temperature is the saturation temperature;

• for the liquid temperature gradient calculation the liquid temperature is the tempera-

ture of the cell, whereas the gas temperature is the saturation temperature.
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The two new temperature fields (p = l , v) are the weighted average of the above defined

phase temperatures (Eq. 3.44):

T p
cell = εv ·Tv +εl ·Tl . (3.44)

Consequently, the new temperature field for the vapor temperature gradient calculation

(Eq. 3.45):

T v
cell = εv ·Tcell +εl ·Ts . (3.45)

Similarly for the liquid temperature gradient calculation (Eq. 3.46):

T l
cell = εv ·Ts +εl ·Tcell. (3.46)

The gradients in the vapor and the liquid are the result of the discrete form of the Gauss-

Green theorem, i.e. φ= T v
cell and φ= T l

cell, respectively.

The heat flux balance equation was implemented in the FLUENT code by defining the two

temperature fields, and calculating the ∇Tv∇εv and ∇Tl∇εl values in Eq. 3.42. The void

fraction gradient, too, was calculated by the Gauss-Green theorem.

3.2.4 Phase field theory based equation

The phase change mass transfer rate from the phase field theory (Section 3.1.2) has a form:

ṁ = αpf (Ti −Ts)

hlv
|∇ε| . (3.47)

The equation has a similar form to the surface renewal theory correlation (Eq. 3.41); however,

the concept behind the equation is different. The driving force of the above correlation is

that the interface temperature differs from the saturation temperature. Yet, the interface

temperature is approximated by the temperature of the cell. The αpf coefficient (Eq. 3.48) is

calculated from the liquid parameters (Dl =λ/(Cpρ)) and the characteristic length of the

interface (w):

αpf =
6
p

2

5

DlρlCpl

w
. (3.48)

The phase field theory based coefficient was coded as the above equations. The charac-

teristic length is the thickness of the interface, which is approximated by the height of the

interface cell (w = 2δx).

The energy correction term, which accounts for the non-linearity effects of the condensation

(Eq. 3.25) was as well implemented into the code as a source for the energy equation.
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3.2.5 Comparison of the four models

Summarizing, the four implemented models are the followings:

1. Lee numerical iteration technique (3.2.1):

ṁv =−r εpρp
Tcell −Ts

Ts
p = v, l ;

2. Surface renewal theory correlation correlation (3.2.2):

ṁ = αSR (Tcell −Ts)

hlv
|∇ε| ;

3. Direct solution of the heat flux balance equation (3.2.3):

ṁlv =
λv∇Tv∇εv −λl∇Tl∇εl

hlv
;

4. Phase field theory based equation (3.2.4):

ṁ = αpf (Tcell −Ts)

hlv
|∇ε| .

The driving force in the implemented models is either the temperature difference in the

interface cell (model 1, 2 and 4), or the temperature gradient. The Lee model has equivalent

form to models 2 and 3, where the coefficient is (Eq. 3.49):

αLee = r ερ

Ts

hlv

∇|ε| . (3.49)

For the surface renewal theory correlation and the phase field theory models, respectively:

αSR = 2p
π
λl

(
µCpl

λl

)1/2 (
1

Lt

)1/2 (
Vt

υl

)1/2

, ,

αpf =
6
p

2

5

DlρlCpl

w
.

The four models have fundamentally different theories behind the equations; however,

three models have equivalent forms. The following list summarizes the dependence factors

for the mass transfer rate, the advantages and disadvantages of the models:

1. Lee numerical iteration technique (3.2.1):

• Mass transfer rate depends on:

¦ temperature difference,

¦ relaxation number - tuning parameter.

• Advantages:

¦ straightforward implementation,
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¦ well refined interface (2-3 cells) is not necessary, only preferable,

¦ tuning: usable for a wide range of application.

• Disadvantages:

¦ tuning: many trial-and-error simulations are needed to find a proper r .

2. Surface renewal theory correlation (3.2.2):

• Mass transfer rate depends on:

¦ temperature difference,

¦ void fraction gradient,

¦ turbulence.

• Advantages:

¦ straightforward implementation.

• Difficulties:

¦ well refined interface is needed (2-3 cells),

¦ dependence on turbulence at the interface: the VOF method is not designed

for resolving the turbulence at the interface if the velocity of the phases has

a significant difference,

¦ the correlation depends on the turbulent length and velocity scale; therefore,

the model constants vary, see e.g. Štrubelj et al. [66]. The length scale of the

turbulence limits the range of applicability.

3. Direct solution of the heat flux balance equation (3.2.3):

• Mass transfer rate depends on:

¦ temperature gradient,

¦ void fraction gradient.

• Advantages:

¦ direct calculation of the heat flux balance at the interface.

• Difficulties:

¦ well refined interface is needed (2-3 cells),

¦ not applicable if the mesh does not resolve the linear thermal boundary

layer,

¦ implementation difficulties due to the gradient calculation.

4. Phase field theory based equation (3.2.4):

• Mass transfer rate depends on:

¦ temperature difference,

¦ void fraction gradient.

• Advantages:

¦ straightforward implementation,

¦ the mass transfer rate depends on fluid parameters only,
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¦ general model, wide range of applicability.

• Difficulties:

¦ well resolved interface region is needed (2-3 cells),

3.3 Additional information for the model implementation

in FLUENT

The implemented condensation models require additional functions. These function help

the convergence or provide the necessary parameters, initial and boundary conditions.

3.3.1 The smearing function

The applied interface reconstruction methods in the VOF method (for details see Chapter 5)

provide a well refined interface, i.e. the thickness of the interface is 2-4 cells. The mass

transfer rate is introduced in the interface cells; therefore, the mass and energy sources

in these cells are high, whereas the other cells of the domain have zero sources. This

causes convergence difficulties. Hardt and Wondra [88] suggested an approach, which

smears the mass and heat transfer through the neighboring cells. The method was used by

Magnini [89] in the FLUENT code. Kunkelman [94] implemented the smearing function

into the OpenFOAM code for simulating a boiling phenomenon. He prohibited the mass

transfer in the interfacial cells, and smeared the mass flux to the cells with zero or one void

fraction.

Figure 3.7 shows the smearing of the original, sharp mass transfer rate (ϕ0 = ṁ), which

diffuses to the neighboring cells, requiring a definition of the additional scalar field (ϕ).

Figure 3.7: The original and the smeared mass flux at the interfacial cells
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The source term distribution is calculated by solving a diffusion equation (Eq. 3.50) with the

Neumann boundary condition (Eq. 3.51), which states that the flux is zero at the domain

boundaries (Ω):

∇ϕ= 1

D
(ϕ−ϕ0), (3.50)

~n∇ϕ(Ω) = 0. (3.51)

The boundary condition ensures that the volumetric integral in the domain is equal for the

smeared mass source and the original mass source. The D diffusion constant corresponds

to the length scale of the smearing. The mass transfer source term (Sm) considers the

mass appearance/disappearance at the vapor side and the liquid side of the interface by

normalization factors (Nv and Nl , with the liquid and vapor void fraction ε):

Sm = Nvεvϕ−Nlεlϕ, (3.52)

Nv =
∫
ΩϕdΩ∫
Ω εvϕdΩ

, (3.53)

Nl =
∫
ΩϕdΩ∫
Ω εlϕdΩ

. (3.54)

The source term of the energy conservation equation (Se ) contains two parts, the energy

source due to phase change (Sp
e ), which is shifted to the liquid side, and a correction term

(Sc
e ):

Se = Sp
e +Sp

e = c, (3.55)

Sp
e =−hlvN 0

l εlϕ0, (3.56)

N 0
l =

∫
Ωϕ0dΩ∫
Ω εlϕ0dΩ

. (3.57)

Sc
e =

(
NvεvCpl −NlεlCpl

)
Tϕ. (3.58)

The correction factor accounts for the decreased enthalpy flux due to the decreased mass

flux in the phase change region.

The implementation of the smearing function is introduced in Section 3.4.

Calculation of the void fraction gradient

The void fraction gradient (∇ε) on an arbitrary mesh can be calculated by the discrete form

of the Green–Gauss theorem [110]. It states that the gradient of the scalar in the center of

the cell is equal to the sum of the scalar on the faces multiplied with the face surface vector
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(A f is a face area, ~n is the face normal vector) divided by the volume of the cell (Vc ):

∇εc = 1

Vc

∑
faces

ε f A f ~n. (3.59)

The above equation was implemented into FLUENT and was used instead of the built-in

gradient functions.

Built-in limitations of the calculation

The implemented functions have limitations to avoid the numerical diffusion of the mass

transfer rate to the bulk fluid regions. To restrict the mass transfer to the interface region,

the following limitations are built in the functions:

• ∇ε= 0 if ∇ε< 10−5;

• the mass transfer rate is not calculated in cells with |Tcell −Ts | < 10−5 or |∇ε| < 1;

• the mass transfer rate is not calculated in full vapor (εv = 1) or full liquid cells (εv = 0).

Calculation of the latent heat

The latent heat is calculated from the saturation temperature. The polynomial function

(Eq. 3.60) is used, which was derived using a saturation temperature–latent heat table

(Table 3.1 [104]):

hlv = 1000 · (710.114+9.543 ·Ts −0.01461 ·T 2
s

)
. (3.60)

Table 3.1: Saturation temperature–latent heat table [104]

Ts [K] 373.15 400 430 460 490 520 550 580 610 647.3

hlv [kJ/kg] 2256.7 2183 2092.8 1990.4 1871.5 1731.0 1562.6 1350.3 1064.2 0.0

3.4 The implementation

The FLUENT software was written in the C computational language. It has user defined

functions (UDF), which are powerful tools to customize the simulations and to enhance

the standard features of the software [111]. The UDFs are C functions, which are dynam-

ically loaded with the solver. The DEFINE macros define the UDFs, which are coded by

using additional macros provided by ANSYS. These macros and functions access the solver

variables.

The FLUENT software stores additional variables, if user defined memories (UDM) are

loaded. These variables are accessible for other macros and for post-processing. The user

defined scalar (UDS) is a tool to define a scalar field in the calculation domain, which will

be solved together with the other scalar equations.

The implementation of the condensation models, as well the customization of the simula-

tions described in Chapter 5 required several C functions and built-in macros. The following

DEFINE macros were used:
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• DEFINE_INIT: to initialize the flow field;

• DEFINE_PROFILE: to calculate the inlet velocity profile, the void fraction profile at the

inlet and outlet and the outlet pressure profile;

• DEFINE_ADJUST: to calculate the integrals (normalization factors for the smearing

function), calculating and saving the void fraction gradient;

• DEFINE_DIFFUSIVITY: to define the diffusivity of the smearing function;

• DEFINE_SOURCE: calculate and pass the source for the vapor and liquid mass, the

energy and the smearing function equations.

Figure 3.8 shows the calculation steps in the FLUENT pressure based segregated software.

The calling sequence of the UDFs is indicated.

The smearing function was implemented as a user defined scalar transport equation [111].

FLUENT solves the transport equation (Eq. 3.61) for an arbitrary scalar (φ) in a same way as

for other scalars e.g. for species mass fraction:

∂

∂t

(
ρφ

)+∇(
ρ~uφ−Γ∇φ)= Sφ. (3.61)

The diffusion coefficient (Γ) and the mass source (Sφ) has to be provided by the user. The

diffusion is defined in a mixture, so the density and the velocity are the mixture values.

To implement the smearing function (Eq. 3.50), the inlet diffusion, the flux function and

the unsteady function are switched off. The diffusion is set to Γ = D, and the source is

Sφ =ϕ−ϕ0. Consequently, the UDS is equivalent to Eq. 3.50:

D∇ϕ= (ϕ−ϕ0).

The implemented C functions are in one source file, and the organization of the functions is

the following:

• Definition of global variables:

¦ normalization factors for the smearing function, (Nv , Nl and N 0
l );

¦ Saturation temperature and latent heat of evaporation;

¦ SMEAR: to be set to 1, if the smearing function is applied, and it is 0 otherwise;

¦ COND: to choose the condensation model (1 = Lee model, 2 = surface renewal

model, 3 = heat flux balance equation, 4 = phase field theory).

• Initialization of the flow field;

• Boundary conditions:

¦ Velocity, void initial conditions, according to the setup solved;

¦ Pressure outlet: outflow boundary condition, i.e. the boundary profile is copied

from the adjacent cells;
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Define the initial conditions

Define the boundary profiles

Begin the calculation loop
user defined Adjust function:

void fraction gradient
normalization factors

Solve U-momentum
Solve V-momentum
Solve W-momentum

Solve mass continuity
+ mass source UDF

Update velocities

Solve energy continuity
+ energy source UDF:

determination of the sources

Solve turbulence

Solve UDS + UDS source UDF

Update properties

Check
convergence

New timestep (transient)
End of calculation (steady state)

New iteration
no

yes

Figure 3.8: Solution procedure for the FLUENT solver with the implemented user define
functions (UDF) and user defined scalar (UDS)
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• Adjust:

¦ Calculation of the magnitude of the void fraction gradient for all cells, and storing

in UDM;

¦ Calculation of the latent heat, and storing in global variable;

¦ Calculation of radial coordinates, and storing in UDMs for postprocessing (for

pipes only);

¦ Calculation of the integrals for the normalization factors (Eq. 3.53, 3.54 and 3.57),

and storing them in global variables;

• Diffusivity for the UDS: constant variable, the diffusivity for the smearing function;

• Definition of the sources:

¦ Vapor mass source: copied from UDM;

¦ Liquid: copied from UDM;

¦ Energy: the sources are calculated in this function. The mass transfer rate

calculation is done by a function, which is called according to the COND variable:

* COND = 1: Lee numerical iteration (Eq. 3.34);

* COND = 2: surface renewal (Eq. 3.38-3.41)

* COND = 3: heat flux balance (Section 3.2.3)

* COND = 4: phase field theory (Eq. 3.47-3.48)

The smeared version of the mass source is passed to the mass equations, if

SMEAR is equal to 1. The temperature difference from saturation, the mass

transfer rate, the smeared mass transfer rate for liquid and vapor, the energy

transfer rate, and the energy correction factor is stored for post-processing.

¦ UDS source: the mass flux rate minus the UDS from the previous time step (right

hand side of Eq. 3.4).

The above functions are applicable for two or three-dimensional flow fields, and for serial

and parallel solvers without any changes [111]. The equations are solved implicitly, apart

from the VOF equation, which is solved explicitly in transient calculations. The source

terms are calculated in the energy source function, because the calculation in the mass

source functions caused convergence difficulties and numerical error in the FLUENT solver.

Chapter 5 contains the details on validation of the models.
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This chapter contains the description of the implementation of the model, which was

developed in Chapter 2, into the RELAP5 code. Section 4.1 describes the modification of the

RELAP5 code; moreover, the validation of the RELAP5 implementation through the MATLAB

code. Section 4.2 contains the calculation results for the Invert Edward Pipe Experiment

(Section 1.4.1). Calculations were done by the unmodified RELAP5 code, TRACE, and the

modified RELAP5 code. All calculations were compared to experimental results. Section 4.3

contains the calculations for the COSMEA facility. Finally, the last section of this chapter

provides the conclusion on the RELAP5 calculations.

4.1 Modification of the RELAP5 /mod3.3 code

The RELAP5 code calculates the mass and heat transfer for condensation processes. The

heat transfer coefficient for condensation in horizontal pipes is calculated in the CONDEN

subroutine, and it is affecting the mass transfer near the wall (Section 1.2.1, Eq. 1.21). The

code applies the horizontal condensation correlation only if the pipe is horizontal - the

vertical condensation correlations are used with any inclination angle.

The horizontal condensation model of RELAP5 is based on the Nusselt theory, similarly to

the model described in the Chapter 2; therefore, the implementation of the new model is

convenient. The application range of the horizontal condensation model was extended to

slightly inclined horizontal pipes until the value of 0.5 radian (equivalent to 2.9°) inclination

from the horizontal.

4.1.1 The RELAP5 /mod3.3 condensation model for horizontal pipes

The RELAP5 condensation model for horizontal pipes considers stratified flow field with

laminar film condensation on the wall. The heat transfer coefficient correlation is based on

the classical Nusselt formula [23], with a modification of Chato [21]. The correlation (Eq. 4.1)

contains a multiplicative factor (FC h), which corrects the original Nusselt correlation with

the effect of the thicker water flume at the bottom of the tube. The Chato correlation defines

83
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a constant value of FC h = 0.296. For more details, I refer to the RELAP5/mod.3.3 manual [10]:

αRELAP = FCh

[
ρl (ρl −ρv )g hlvλ

3
l

2µL (Ts −Tw )R

]1/4

= FCh ·C 1/4. (4.1)

4.1.2 Modifications of the RELAP5/mod3.3 condensation model

The new condensation model was implemented into the RELAP5 code with two simplifi-

cations. The iteration process was dispensed during the calculation of the stratification

angle, because it would lead to complications in the iteration processes of the solver of

RELAP5. The discarding is justified, because the liquid fraction of the upper part is negli-

gible compared to the bottom part (Section 2.2, Eq. 2.9). The second simplification refers

to the bottom heat transfer coefficient; thus, the implementation of the model into the

RELAP5 code was limited to the calculation of the upper heat transfer coefficient. The

MATLAB calculations showed that the error introduced from both modifications stays in an

acceptable error limit.

The C term in the Chato correlation (Eq. 4.1) contains the fluid properties and geometrical

parameters. The expression of the film heat transfer coefficient (Eq. 2.57) is rearranged

(Eq. 4.2) by the C parameter:

α= 1

21/4
C 1/4(cosθ)1/4 2

π

∫ Φstrat

0

[
sinφ

φ

]1/4

dφ. (4.2)

The C factor and the inner wall temperature is calculated by RELAP5; therefore, the iteration

process for the heat transfer coefficient calculation is not necessary.

The integral in the correlation (Eq. 4.2) is calculated by a second term polynomial fitting

(Eq. 4.3):

F ≈−0.102+0.9017Φstrat −0.0257Φ2
strat . (4.3)

With the assumptions above, the implementation of the model into RELAP5 is reduced into

two equations: the calculation of the stratification angle (Eq. 2.9) and the calculation of the

F factor (Eq. 4.3).

4.1.3 Verification of the modified RELAP5/mod3.3 code

The verification of the modified RELAP5 code was done through a comparison with the

MATLAB code calculations. Figure 4.1 shows the effect of the simplification. Sample data

sets showing the behavior of the modified RELAP5 model were picked from transient INVEP

simulations. The instantaneous conditions found in a selected cell from the INVEP pipe

model were sent to the MATLAB code for both the full and the simplified models. The

resulting heat transfer coefficients were compared to each other and with those predicted

by the extended RELAP5. The MATLAB calculations for the simplified calculation resulted

in a heat transfer coefficient falling into an error band of 1%.
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Figure 4.1: Effect of the simplification compared to the original MATLAB calculation. The
dashed line is the 45°line, which represents the equal values.

Figure 4.2 shows the comparison between the MATLAB and the RELAP5 heat transfer coeffi-

cient values. The MATLAB calculations had the same initial conditions as the parameters of

a node in the RELAP5 calculation. The pressure varied between the values of 5–70 bars, the

void fraction varied between the values of 0.3–1; and 2400 data points were used to prepare

the graph. The 45° line represents equal values for the two calculations. The dashed lines

represent the boundaries of all of the data points. The maximum deviation between the two

calculated values is 5.6%, but most of the data are in a 2–4% error range.
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Figure 4.2: Verification of the modified RELAP5 condensation model with the MATLAB
calculation

The deviation between the two calculated values is originated from the difference between

the calculation of the material properties in RELAP5 and the MATLAB code. The RELAP5

code uses a new thermodynamically consistent set of steam tables, based in the IAPWS
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formulation [10]. During the MATLAB calculation, a simplified correlation between the

pressure and the material properties was used. The agreement between the two values

is worse for higher heat transfer coefficient values; this range represents lower pressures,

where the deviation of the material property calculation is higher.

4.2 Calculation results with the INVEP facility

Simulations of the INVEP experiments (Section 1.4.1) were done by two best-estimate

thermal-hydraulic system codes TRACE and RELAP5, using the same nodalization. The

experimental results and the simulations were compared for different initial conditions.

4.2.1 The model of the INVEP facility with RELAP5

Figure 4.3 shows the nodalization of the INVEP facility. The pressurizer, the pipe system, the

valve, the condensation rod, and the cooling water tank (secondary side) were simulated.

The pressurizer wall was modeled as a heat structure to represent the heat losses and the

stored heat in the metal. A heat structure represented the 2 mm thick wall between the

pipe component representing the condensation pipe and the water pool to ensure the heat

transfer between the two sides.

Condensation rod

Pressurizer

Secondary side

Valve

Figure 4.3: RELAP5 model of the INVEP facility

The cooling pool was simulated by three vertical pipes with eight nodes, which were con-

nected horizontally by single junctions. The choice of the parallel pipe components ensured

that cross flow and natural convection can occur in the tank during the transient. The heat

structure of the condensation pipe was connected to the third node of the middle vertical

pipe of this pool model. The condensation pipe had forty nodes. The default heat transfer

correlation package was used for the wall heat structure model. The pressurizer had ten

vertical nodes. The initial water level in the pipe was set by the void fraction values. The

pressurizer heat structure had a convective boundary condition at the inner surface. The

heat transfer of the outer surface was controlled by general tables.
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The friction factors for the junctions were calculated using the tables of Ref. [112]. Twenty

second long steady state calculations were done with a closed valve to acquire proper initial

conditions for the transient calculations.

4.2.2 Analysis of the RELAP5 and TRACE heat transfer modeling

Sixteen experiments were calculated for four pressurizer pressures and six initial pipe

pressures (Table 1.4). The A series correspond to the initial pressurizer pressure of 10 bars,

the B to 30 bars, the C to 50 bars, and the D series to 70 bars. The A07, B07, C 11 and the D07

experiment contained no non-condensable gas; the condensation pipe was filled initially

with air of different pressures for the other experiments.

The experiments started by opening the valve between the pipe and the pressurizer. The

pressurizer had a higher pressure; consequently, steam entered the pipe, and condensed

on the wall. The liquid drained towards the lower situated, closed end of the pipe. The

water accumulated at the bottom, and the liquid level started to increase. The experiment

finished, when the pipe was filled with liquid. The condensation process depended whether

non-condensable gas was present. The simulated transient was different for the RELAP5

and the TRACE code, which highlights the differences between the two code heat transfer

estimation.

The temporal variation of the calculation parameters (such as the heat transfer coefficient at

the inner wall, the temperature, the mass transfer between the phases due to condensation,

the non-condensable gas quality and the void fraction) indicated the evolution of the

transient. Figure 4.4 shows the evolution of the normalized values in time for four examples.

The C experiment series had 50 bars initial pressure in the pressurizer, C 08 had 3 bars initial

non-condensable gas pressure in the pipe, and C 11 was evacuated. The calculations were

done with RELAP5 and with TRACE, and the values were normalized.

The transient condensation process was divided into five (RELAP5—C 08), four (RELAP5—

C 11 and TRACE—C 08) or three (TRACE—C 11) parts, which were clearly set by the sudden

change of the corresponding parameters. The boundaries between the phases are indicated

on Fig. 4.4 by capital letters (Table 4.1) and black vertical lines. The corresponding flow

pattern is drawn on the figure for the condensation phases.

Table 4.1: Arrival times and changes of the heat transfer coefficient calculation in the TRACE
and RELAP5 calculations

Sign Definition RL C08 RL C11 TR C08 TR C11

A [s] Non-condensable front arrives 64.7 − 109.0 −
B [s] Water front arrives 103.5 69.1 119.8 91.24

C [s] ε= 0.3 138.5 90.5 − −
D [s] ε= 0.1 169.6 104.0 − −
E [s] ε= 0.85 − − 134.1 106.7
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Figure 4.4 and Table 4.1 shows the data evolution for the middle node of the pipe. The

condensation process is introduced through this node in the in four sections.
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Figure 4.4: Temporal changes of the normalized variables for four calculations. The middle
node of the condensation pipe, No. 21 was chosen to represent the condensation process
over time. The drawings on the graphs help to follow the flow pattern change in the node.

1. The experiments started by opening the valve. The air was compressed and gathered

at the closed end of the pipe. The condensation started on the pipe wall and the

condensate flowed down to the lower end of the pipe. The non-condensable gas

started to drift upwards, against the condensate flow direction. The phase change

rate was determined by the condensation heat transfer coefficient in the beginning of

the experiment in the middle of the pipe. The gas had saturation temperature, the

void fraction remained nearly constant.

2. The point A defines the time when the front of the non-condensable bubble enters the

node. The condensation model was switched to the non-condensable heat transfer
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coefficient calculation. The inner heat transfer coefficient dropped significantly,

similarly to the phase change rate. The temperature of the gas dropped below the

saturation value. The void fraction does not change significantly. The RELAP5-C 08

heat transfer coefficient was nearly zero.

3. The point B is the time, when the void fraction starts to decrease in the cell, i.e.

when the condensate starts to fill the corresponding node. Consequently, the non-

condensable gas mass decreased in the volume. The heat transfer coefficient in-

creased in the RELAP5-C 11 simulation, and it stabilized in the RELAP5-C 08 simula-

tion. The heat transfer coefficient decreased in the TRACE simulations.

4. After the void fraction started to decrease in the node (B), the RELAP5 and the TRACE

codes switched to single phase heat transfer calculation.

(a) RELAP5 code: the heat transfer model switches from the condensation heat

transfer coefficient correlation to the single phase Dittus-Boelter correlation

between the void fraction values of 0.3 - 0.1 (C and D points) (see Section 1.2.1).

The C 08 simulation showed an increased heat transfer coefficient between these

values. The C 11 had a decreased heat transfer coefficient. The single phase

flow heat transfer coefficient changed with the temperature. The condensation

stopped, and the node was filled with water.

(b) TRACE: the heat transfer coefficient and the phase change rate decreased sig-

nificantly, when the liquid front entered the cell. The heat transfer coefficient

switches to the two-phase flow convection correlation between the void fraction

values of 0.9 and 0.8 (see Section 1.2.2). When the void fraction was equal to 0.85

(E), the heat transfer coefficient became constant, and the phase change process

stopped.

The RELAP5 code showed a faster condensation process. The ramp from the condensation

to the convection heat transfer coefficient happened for higher void fraction values in the

TRACE code; therefore, the heat transfer coefficient decreased faster then in the RELAP5

code. The non-condensable gas had a significant effect on the heat transfer, and it slowed

down the condensation process.

Comparison with the experimental results

Figure 4.5 shows the comparison of the calculations and the experimental data for the C 08

test. Four measurement points were selected, these are the pressure measurement at the

closed end of the pipe, temperature measurements (T8 was 0.8L and T3 was 0.27L distance

from the closed end), and two void fraction measurements (V7 was 0.6L and V3 was 0.27L

distance from the closed end). The other experiments and measurement point followed the

trends discussed in this section.

The data are plotted as a function of time, the sudden drop of the void fraction shows when

the corresponding location is filled with liquid. The duration, until the change in the void

fraction occurred, correlated with the transferred heat from the pipe to the secondary side,
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i.e. with the heat transfer coefficient. The faster change in the void fraction data coincided

with faster condensation process.
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Figure 4.5: Comparison between the simulation and the measurement results of the INVEP
setup

The condensation calculation of both RELAP and TRACE failed to reproduce the experimen-

tal results. The condensation process was significantly slower, and the higher temperature

and pressure results imply that the transferred energy from the primary to the secondary

side was not significant in the calculations. The condensation process was about ten times

slower in the simulations than in the experiment. The condensation was slower in the

TRACE simulation. The pressure results decreased in RELAP5 about the experimental value

after 150 s, the TRACE pressure results showed about 15% deviation.

The condensate started to fill the pipe from the closed end towards the open end of the

pipe. The water front arrival time was indicated by the sudden change in the void fraction;

therefore, this time reflected the speed of the condensation. The water front pushed in front

the non-condensable bubble, if the pipe was initially filled with air. The non-condensable

gas was colder than the steam; therefore the temperature, colder than saturation indicated

the arrival of the non-condensable bubble in the experiments and the calculations [96].

Figure 4.6 shows this processes for RELAP, TRACE and the experiment.

Figure 4.6.a shows the time of water front arrival. The effect of the non-condensable gas

was significant for RELAP5; the condensation was twice faster, when no air was presented

in the pipe. The TRACE calculations showed no difference.
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Figure 4.6: Movement of the air and the water fronts in the INVEP condensation pipe

Figure 4.6.b shows the movement of the air and the condensate along the pipe for the C 08

experiment. The two fluids moved with the same speed in the calculations. The experiments

had a faster condensation process, the two codes failed to reproduce the data.

Artificial increase of the heat transfer between the primary and secondary sides

Both the vacuum and the non-condensable simulations showed similar difficulties; nev-

ertheless, the non-condensable gas influence was qualitatively captured (Fig. 4.6). The

RELAP5 simulations were tested by the artificially increase of the heat structure between

the two sides. Two approaches were used to enhance the heat transfer, the first approach

increases the heat structure surface, while the second approach accounts for an increased

heat transfer coefficient.

The heat structure surface is increased by setting the cylindrical length (CL), which repre-

sents the length of the heat structure. The default cylindrical length is equal to the length

of the hydraulic node. Note that the increase of the heat structure had no effect on the

geometry of the hydraulic element.

The cylindrical length was changed from the original 0.14 m value to the optimal value,

which achieved the best agreement with the experiments for all initial conditions separately.

The multiplication factor between the optimal and original cylindrical length is the CL

factor.

The second approach was to increase the outer and inner heat transfer coefficient inde-

pendently. The heat transfer coefficient–temperature correlation was derived from the

original calculation, and a new correlation was implemented, which increased the original

coefficient by a 3.5 linear multiplication factor. This factor was equal to the optimal CL

factor for the C 08 experiment.

Figure 4.7 shows the effect for the above described three enhanced heat transfer calculations

in comparison to the original simulation and the experiment. The enhanced heat transfer
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resulted in a faster condensation process in the pipe. The calculation with the optimal

cylindrical length fitted on the experimental results for every location in the pipe over time.

The pressure data for the enhanced inner heat transfer coefficient followed the experimental

results until about 50s, after it was smaller than in the experiment. The temperature and void

fraction measurement showed a better results than the original calculation. The optimal

agreement was not reached, as the multiplication factor was arbitrary chosen to be equal to

the CL factor.
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Figure 4.7: Effect of the enhanced cylindrical length in the RELAP5 simulation of the INVEP
setup (HTC-heat transfer coefficient)

The results from the enhanced outer surface heat transfer coefficient differed significantly

from the experimental data. The inner surface heat transfer coefficient had more significant

effect.

The CL factor was defined for the 16 experiments (Fig. 4.8). The CL factor is interpreted as a

necessary correction factor to the overall heat transfer. Figure 4.8 shows the CL factor as a

function of the initial non-condensable gas mass in the pipe. The Figure suggests that the

higher non-condensable gas mass causes a bigger deviation in the simulation.
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4.2.3 Calculation with the modified RELAP5 code

The previous section showed that the linear enhancement of the heat transfer cannot

eliminate the deficiencies of the heat transfer model in RELAP5, but the agreement between

the calculation and experiment can be achieved by correcting the heat transfer alone. In

conclusion, the heat transfer coefficient model of RELAP5 should be improved.

The RELAP5 condensation model was modified with the mechanistic model described in

Chapter 2 and Section 4.1. The modification accounted for condensation without non-

condensable gas; therefore, the INVEP vacuum experiments are presented here.

Figure 4.9 shows the progression of the experiment B07. The results of the experiment and

the calculation with the original and the modified RELAP5 code are displayed for six time

points. The water level (L), which is the length of the water column, was determined by the

amount of transferred heat to the secondary side, i.e. the efficiency of the heat transfer was

indicated by the speed of the raising water level in the pipe. The interface between a water

and the vapor column was the point with 50% void fraction, which is indicated as vertical

line on the figure.

The water level of the original RELAP5 calculation was significantly lower than in the

experiment, demonstrating that the heat transfer between the secondary side and the

condensation pipe was not efficient enough in the calculation. The modified RELAP5 code

followed the experimental results significantly better. The water level was closer to the

measured value than in the original RELAP5 calculation, which shows that the modified

condensation model calculated a more efficient heat transfer process.

Figure 4.10 shows measured and calculated pressure data for the vacuum experiments.

The solid lines show the pressure at the closed end of the pipe, the dashed lines show the

pressure in the pressurizer, according to the time.

The pressure history of the experiment was characterized by a sudden pressurization in the
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pipe after the valve opening. The pressure in the tank and the pipe equalized immediately

after opening the valve in the high pressure experiments (C and D). In the lower pressure

experiments the convergence was established slower, as the lower vapor density caused

a smaller mass transfer from the vessel to the condensation pipe. The modified RELAP5

calculations were closer to the measured data, indicating the more efficient heat transfer

process than the original simulations. For the initial low pressures, the calculation could

not predict the discussed pressure decoupling between the pipe and the pressurizer at the

beginning of the experiment, the pressure of the pipe jumped to the pressure of the tank

after opening the valve immediately. For high pressures, the decoupling was not significant

in the experiment, consequently the calculated values predicted the measured data better.
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Figure 4.9: Experimental and calculated water levels for the b07 experiment
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Figure 4.11 shows the calculated and measured temperature data for the four experiments,

at different locations along the pipe (T2, T5, T7). The plots shows that the modified RE-

LAP5 code could predict the temperature data along the pipe for different locations, initial

conditions and time points.

The temperature data showed a high and sudden increase at the beginning of the experiment.

After a slow decrease of the temperature, a significant cooling happened as the condensate

arrived to the corresponding location. The modified RELAP5 code showed the arrival of

the condensate earlier than the original RELAP5 calculation, and the temperature drop was

higher at the arrival of the liquid phase. The RELAP5 calculation predicted the temperature

data well, a slight over-prediction was observed, especially at higher initial pressures.
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Figure 4.11: Measured and calculated temperature values for the four vacuum experiments
at different locations along the condensation pipe

Figure 4.12 indicates, that the heat transfer coefficient changed significantly between the

original and the modified RELAP5 calculation. The figure shows the heat transfer coefficient

for the node No. 21. The opening of the valve caused a peak in the heat transfer coefficient,

and the modified model had a higher value during the condensation process. The steam,

therefore, condensed faster in the modified RELAP5 calculation.
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Figure 4.12: Change of the condensation heat transfer coefficient for the C 11 calculation, in
the middle of the pipe (Node 21)

4.2.4 Outlook - Considerations for the non-condensable gas

The modified condensation model did not affect the condensation heat transfer coefficient

in presence of non-condensable gas. To demonstrate the effect of the non-condensable gas

on the INVEP experimental process, further modifications were applied.

The Colburn-Hougen condensation correlation [24] was replaced with a geometrical model.

I assumed that the air did not mix with the steam. The air bubble was compressed to the

bottom of the pipe, and as the liquid column started to grow in the pipe, it pushed the

air bubble forward. In such scenario, the Colburn-Hougen is not applicable, since these

correlations assume a homogeneous mixture of the non-condensable gas and the steam.

Figure 4.13 shows the assumed geometry for a cross section of the pipe, when the non-

condensable gas was present. The model considered three layers. The stratification angle

defined the area of the steam layer, similarly to the previously introduced model.

Figure 4.13: Assumed cross sectional flow pattern with the non-condensable in the gas
phase

The same model (Section 4.1) was implemented for the non-condensable condensation

correlation. The stratification angle was calculated by assuming the geometry on Fig. 4.13.

The calculation considered this stratification angle to calculate the heat transfer coefficient

(Eq. 4.2).



4.2. Calculation results with the INVEP facility 97

Figure 4.14 and Figure 4.15 show the results for four experimental conditions, for the pres-

sure and the temperature results. The figures contain the experimental data, the original, the

modified correlation calculation, and the modified correlation together with the modified

non-condensable condensation heat transfer coefficient correlation.
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Figure 4.14: Experimental and calculated pressures for the INVEP A05, B03, C 05 and D05
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Figure 4.15: Experimental and calculated temperature data for the INVEP A05, B03, C 05
and D05
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The agreement between the calculation and the experiment improved significantly. The

pressure data followed well the experimental results. The modified calculation for the

non-condensable experiments fitted better to the temperature data than the calculation

with the Colburn-Hougen correlation. The effect was pronounced in the temperature drop

when the non-condensable front arrives. The new correlation caused a higher heat transfer

to the secondary side; thus, the node cooled faster.

On the other hand, the pressure data did not show a significant improvement; however, the

data improved comparing to the original RELAP5 calculations. The simulation predicted

the pressure data well for the high pressure experiments (C and D), and resulted in a poorer

agreement for the low pressures, especially for the pipe pressure. The pressure in the

pipe and the pressurizer coupled fast in the simulation; however, in the experiment the

equalization of the two pressures were slower. The RELAP5 code could not follow this

phenomenon; consequently, it failed to reproduce the pressure results in the pipe for low

pressures.

4.3 Calculation results with the COSMEA facility

The COSMEA facility (Section 1.4.3) was modeled with the modified RELAP5/mod3.3 code.

The experiments were done without non-condensable gas; therefore, the heat transfer

coefficient with non-condensable gas was not tested here.

4.3.1 The RELAP5 model of the COSMEA facility

The model of the COSMEA setup consisted of two pipes, which were connected by a heat

structure. The heat structure is a 2.5 mm wall, made of stainless steel (Fig. 4.16). The

condensation pipe was connected to an adiabatic inlet and outlet pipe. The inlet conditions

were set by two time dependent junctions, which ensured the correct void fraction and mass

flow for the steam–water mixture. A third time dependent junction was connected to the

secondary side inlet. The outlet of both sides were connected to a time dependent volume

through a single junction.

Table 4.2 shows the initial conditions for the RELAP5 calculations for the test matrix. The

saturation temperature was calculated for the corresponding inlet pressure. The liquid and

vapor were slightly subcooled. The adiabatic inlet pipe, therefore, showed phase change in

the calculations.
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Figure 4.16: RELAP5 model for the COSMEA facility

Table 4.2: Input conditions for the RELAP5 calculation (COSMEA test matrix)

No. PI 1 Ts ṁv T in
v ṁl T in

l Pout PI 2 TI 2 ṁI 2

[bars] [K] [kg/s] [K] [kg/s] [K] [bars] [bars] [K] [kg/s]

51 5.0 425.35 0.087 425.2 - – 5.0 3 311.65 15.7

52 5.0 425.25 0.064 425.1 0.041 424.7 5.0 3 311.65 14.3

151 15.2 472.07 0.256 471.8 - – 15.0 5 311.85 29.6

152 15.1 471.88 0.206 471.7 0.050 467.4 15.0 5 311.65 27.5

153 15.1 471.76 0.152 471.6 0.102 471.0 15.0 4 311.65 25.7

154 15.1 471.82 0.103 471.6 0.151 471.6 15.0 4 311.75 23.4

251 25.4 497.86 0.406 497.6 - – 25.0 4 310.65 19.1

252 25.3 497.76 0.334 497.5 0.072 493.6 25.0 4 310.75 18.8

253 25.2 497.59 0.270 497.4 0.138 496.8 25.0 4 310.65 17.5

254 25.2 497.46 0.195 497.3 0.209 497.2 25.0 3 310.65 16.1

255 25.2 497.50 0.124 497.4 0.272 497.8 25.1 3 310.65 14.9

451 45.5 531.19 0.605 530.9 - – 45.0 4 311.55 25.3

452 45.4 531.18 0.523 530.9 0.091 526.1 45.0 4 310.55 23.9

453 45.4 531.07 0.428 530.8 0.180 529.6 45.0 4 310.65 23.1

454 45.4 531.07 0.342 530.8 0.266 530.6 45.1 4 310.65 22

455 45.5 531.21 0.250 531.0 0.356 531.5 45.3 4 310.25 20.3

456 45.4 531.10 0.202 530.9 0.398 531.7 45.2 4 310.55 19.1

651 65.7 554.67 0.801 554.4 - – 65.0 5 312.65 29.6

652 65.5 554.49 0.684 554.3 0.117 549.9 64.9 5 312.05 28.5

653 65.4 554.45 0.568 554.2 0.238 552.7 65.0 4 313.15 27.9

654 65.2 554.17 0.434 554.0 0.360 553.8 64.8 4 312.95 26.7

655 65.4 554.36 0.343 554.1 0.462 554.5 65.1 4 312.75 25.4

656 65.7 554.76 0.247 554.5 0.559 555.1 65.5 4 312.65 23.3
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4.3.2 Calculation results with the RELAP5 code

The RELAP5 code was run in a transient mode, until steady state conditions were reached.

The results were compared to the experimental data for 23 different initial conditions.

Geißler et al. calculated the condensation rate in three different ways [101]. The first method

used the pressure level in the outlet separation vessel together with the inlet mass flow,

assuming that the level rise in the vessel corresponds to the condensation rate in the

condensation pipe. Both the second and the third methods were based on the energy

balance on the secondary side. The second method calculated the heat transfer from the

temperature difference between the secondary side inlet and outlet. The third method used

the amount of cooling water added to the secondary side to determine the power, which

was needed to keep the facility in a steady state condition.

The steam, after entering the condensation pipe, condensed, and the condensate cooled

below the saturation value. The three methods used the temperature data from the heat flux

probe at the inner wall to account for the subcooling of the water. The thermocouples were

1095 m upstream from the outlet of the pipe; therefore, the condensation rate calculation

from the experiments had a high uncertainty. The error was in a range of 20% for the 5 bars

calculations, 30% for the 15 bars, 15-20% for the 25 bars, 15% for the 45 bars, and 15-25% for

the 65 bars calculations. The error was higher for lower void fractions.

Figure 4.17 shows the comparison for the measured and simulated condensation rates for

all the experiments. The condensation rate was an output of the RELAP5 calculation for all

the nodes. The inlet adiabatic section had a condensation rate about 0.5% of the total value

in the pipe, because of the initial subcooling of the water and steam. The outlet adiabatic

section had a contribution of about 7-10% to the final condensation rate, because of the

subcooling of the condensate.

The sum of the three parts were compared to the experimental results. The two data fitted

for all the experimental results within the error bands. The agreement was best for medium

void fractions. The highest difference, for the experiment E656, was 20%. Apart from the

lowest and highest initial void fractions, the difference between the calculated and measures

condensation rate values was in a range of 1–10%.

Figure 4.18 shows the comparison of heat flux data. The heat flux was taken from the RELAP5

output for the node at the same location as the heat flux probe in the experiment. The

experimental heat flux was the average of the five heat flux probe values. The results agreed

well, the highest difference was for the low void fraction and low pressure experiments

(E51–21%, E52–20%, E153–15%, E154–26%, E255–22%, E456–12%, E656–10%). The absolute

value of the heat flux is lower; therefore, the same absolute error corresponds to a higher

relative error. For all the other experiments the difference between the experimental results

and the simulated results was lower than the uncertainty of the experiment (8%).
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Figure 4.17: Comparison of the condensation rate for the experimental matrix

Figure 4.18: Comparison of the heat flux for the experimental matrix
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The temperature of the secondary side was measured at 6 positions in the experiment

(Table 1.8), at the inlet, the outlet, and 4 positions along the condensation section. The

uncertainty of thermocouples was 0.3 K. The azimuthal and radial temperature distribution

at the T4 position showed that the swirl generators ensured a homogeneous temperature

field in the pipe within a residual nun-uniformity of 1.5 K.

Table 4.3 shows the comparison of the secondary side temperature. The inlet temperature

was set corresponding to the experimental inlet conditions. Therefore, the outlet tempera-

ture data (TOutlet), and the temperature difference (∆T) were compared. The two data sets

fitted in the error bands.

Table 4.3: Inlet and outlet temperature in the secondary side - comparison of the experiment
and the calculation

No. TOutlet (R5) TOutlet (Exp.) ∆T (R5) ∆T (Exp.) ∆T (R5) − ∆T (Exp)

51 313.555 313.85 1.905 2.2 0.295

52 313.606 313.85 1.956 2.2 0.244

151 313.774 314.05 1.924 2.2 0.276

152 313.616 313.85 1.966 2.2 0.234

153 313.568 313.85 1.918 2.2 0.282

154 313.563 313.95 1.813 2.2 0.387

251 314.28 314.45 3.63 3.8 0.17

252 314.328 314.35 3.578 3.6 0.022

253 314.321 314.45 3.671 3.8 0.129

254 314.313 314.45 3.663 3.8 0.137

255 314.032 314.45 3.382 3.8 0.418

451 314.999 315.15 3.449 3.6 0.151

452 314.142 314.15 3.592 3.6 0.008

453 314.245 314.25 3.595 3.6 0.005

454 314.263 314.35 3.613 3.7 0.087

455 313.888 313.95 3.638 3.7 0.062

456 314.175 314.25 3.625 3.7 0.075

651 316.046 316.35 3.396 3.7 0.304

652 315.52 315.75 3.47 3.7 0.23

653 316.597 316.85 3.447 3.7 0.253

654 316.388 316.65 3.438 3.7 0.262

655 316.203 316.45 3.453 3.7 0.247

656 316.118 316.35 3.468 3.7 0.232

Figure 4.19 shows the RELAP5 temperature distribution in the secondary side for E255. The

temperature distribution showed a small degree of non-linearity. When the primary inlet

contained more liquid, the difference between the inlet and outlet stratification angle was

more significant. Therefore, the condensation heat transfer calculation changed according
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to the local void fraction along the pipe, and this had a non-linear effect on the secondary

side temperature.

Figure 4.19 shows two lines, which were fitted to the temperature data for x = 2.5 m and

x = 1.4 m (red curve) and for for x = 1.2 m and x = 0 m (green curve). The gradient of the two

curves is different. The shape of the data points is justified by the void fraction change, and,

consequently the heat transfer coefficient distribution of the primary side. This illustrates

that the modified RELAP code produces plausible results and confirms the significance of

the introduced model improvement.
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Figure 4.19: Non-linearity of the secondary side temperature distribution in E255

4.4 Conclusion from the RELAP5 calculations

The highly transient character of the INVEP experiment seriously challenged the prediction

capabilities of the RELAP5 and the TRACE codes. The comparison with the experiments

showed that the speed of the condensation was underpredicted in the simulations by both

codes. This observation holds independently from the absence or presence of air in the pipe.

The RELAP5 calculations showed a faster process than TRACE; however, the process was

much slower than in the experiment. As expected, the non-condensable gas also showed a

significant effect on the condensation process, especially in the RELAP5 simulations.

An enhancement of the heat transfer through the pipe wall in the frame of a sensibility

study achieved an agreement between the simulation and the experiment, which showed

that all other parts of the model are adequate and the attention can be focused on the

performance of the heat structures. Higher enhancement of the heat transfer was needed if

more non-condensable gas was present.

The inner and outer heat transfer coefficient of the pipe wall were increased independently

to analyze the influence of the heat transfer of both sides individually. The enhanced heat
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transfer resulted in a better fitting to the experimental data, although the inner surface heat

transfer had more significant effect than the outer surface heat transfer.

A mechanistic model of the geometry of the gas-liquid interface was developed and imple-

mented into the RELAP5/mod3.3 code. The model considered a stratified flow pattern, with

steam phase in the core, axial turbulent flow at the bottom, and laminar film condensation

on the upper part of the pipe cross section. The model considered local parameters of the

computational node, such as the void fraction. The void fraction was used to calculate the

stratification angle, which determined the stratified flow height in the pipe node.

The model was implemented into the RELAP5 code. The bottom part heat transfer coeffi-

cient was neglected during the implementation, as the pre-calculations with the MATLAB

code showed that the bottom part heat transfer coefficient is negligible compared to the heat

transfer coefficient of the upper part. This simplification was needed to avoid additional

iterations and related complications with the solver.

The error introduced by the simplification was quantified through MATLAB calculations.

They showed no significant difference, when the bottom part heat transfer was neglected.

The modified RELAP5 code was validated by simulating the transient INVEP tests and the

COSMEA steady state condensation experiments.

The modified RELAP5 code achieved very good agreement with the experimental results

for the temperature, pressure, and void fraction measurements during the transient con-

densation process for the pure steam condensation. The speed of the phase change, i.e. the

movement of the liquid column in the pipe, was well predicted. The void fraction evolution

in the computational nodes resulted in a fast altering heat transfer coefficient, which was

captured by the mechanistic model.

The COSMEA facility was modeled with the modified RELAP5 code. The experimental and

calculation results agreed well for the steady state condensation process in the condensation

rate, secondary side temperature and the heat flux data. The calculation did not show

significant difference between the original and modified RELAP5 calculations, because the

flow in the pipe was in steady state condition, and the outlet flow was a mixture of steam

and water. Hence, the void fraction did not change significantly along the pipe, and the

Chato correlation, which considered the average flow pattern in the pipe, calculated the

same heat transfer as the mechanistic model.

A geometrical correction of the heat transfer correlation was implemented for condensation

with non-condensable gas. The model accounted for the specific flow pattern in the INVEP

facility. The model assumed that the non-condensable gas and the steam did not mix

in the pipe, and the non-condensable gas stayed on the surface of the bottom liquid flow.

Therefore, laminar film condensation of pure steam occurs only at the upper part of the pipe

wall, whereas the air blocks the lower part of heat transfer surface. The calculation with the

geometrical correction showed very good agreement with the experimental data for different
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initial conditions, different locations in the pipe, and during the transient condensation

process. The model performed better than the modified RELAP5 code without the account

for the non-condensable gas core. The approach is specific for a scenario, when the air and

the steam do not form a homogeneous mixture.





5 Results with computational
fluid dynamics

The ANSYS FLUENT v15.0 code with the implemented condensation models, which were

presented in Chapter 3, were used to simulate two facilities, the LAOKOON and the COSMEA

experiments.

Section 5.1 describes the developed mesh and calculation models for the LAOKOON experi-

ment. The sensitivity study of the condensation models is presented, which was done by

comparing the calculation results to the experiment. The conclusion from the sensitivity

studies were used to optimize the COSMEA calculations. Section 5.2 describes the mesh,

the calculation details and results for the COSMEA experimental facility. The comparison to

the RELAP5 calculation is presented, and the conclusion is made regarding the simulation

of transient condensation in horizontal pipes.

5.1 Calculation results for the LAOKOON facility

The LAOKOON experimental setup [99] (Fig. 5.1), which was introduced in Section 1.4.2, has

been used to validate CFD codes for direct contact condensation, e.g. the NEPTUNE_CFD

and the CFX-5 codes were used in the frame od the European ECORA project [69]. The

investigation was followed by the NURESIM project [70], where the CFX software [71] was

applied. Furthermore, Ceuca and Macián-Juan implemented two surface renewal theory

based correlations into CFX, and simulated the facility [72] using the VOF method.

3.2 m/s, 437 K

0.25 m/s, 310 K

steam

liquid

128 mm ×990 mm

Thermocouple, 790mm

Figure 5.1: The LAOKOON experimental facility

107
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The ECORA project [69] suggested to consider an isothermal steam flow, i.e. the energy

equation was solved only for the liquid phase. As the walls were isothermal, the steam

entered at saturation temperature, and no homogeneous condensation occurred, this

approach is justified. A block velocity profile was set at the water inlet with 8% turbulence

intensity. The report suggested to have pressure based outlet boundary conditions for the

water and the steam.

The height of the pipe differs in the ECORA and NURESIM studies, 128 mm and 106 mm,

respectively. The difference encounters the choice of the test section cross section (Fig. 5.2).

The smaller value represents the height of the water channel, whereas the higher value

represents the cover above the open channel. Ceuca and Macián-Juan, too, used the 106 mm

height of the duct.

Figure 5.2: Cross section of the LAOKOON test section. The horizontal liquid flow situated
at the bottom of the channel surrounded by an insulation to ensure the adiabatic wall
conditions, and the whole facility was placed in a pressure chamber.

The above mentioned studies used two dimensional mesh to simulate the LAOKOON

channel, which was refined towards the interface.A block inlet velocity profile and pressure

outlet conditions were applied. The condensation heat and mass transfer was calculated

from the turbulence at the liquid interface in the ECORA project (see Eq. 1.70). The Hughes-

Duffey correlation was used together with the NEPTUNE_CFD code, and a modified version

in the CFX-5 code, as well in the study of Ceuca. The NURESIM project considered a

constant heat transfer coefficient. Table 5.1 summarizes the calculation details for the

simulations.

The NEPTUN_CFD code could predict well the experimental data for low Reynolds number

experiments, but for the high Reynolds numbers it under-predicted the condensation rates.

The CFX-5 calculations within the ECORA project showed very good agreement with the

high Reynolds number experiment, but for the low Reynolds number cases convergence

was not achieved. The results of the CFX simulations in the frame of the NURESIM project

differed significantly from the experimental results.
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Table 5.1: Simulation of the LAOKOON data

Property NEPTUNE_CFD [69] CFX [69] NURESIM [71] Ceuca [72]

Section length n.i.∗ n.i. 990 mm 990 mm

Section height 128 mm 128 mm 106 mm 106 mm

Grid size n.i. 120×60 106×99 and 212×198 21400 nodes

Water turb. intensity 8% 8% 3% n.i.

Steam turb. intensity n.i. n.i. 1% n.i.

Walls adiabatic adiabatic symmetry symmetry

Turbulence k-ε Steam: Laminar, Wa-
ter: k-ω + TD∗∗

k-ω SST k-ω SST

Time step −5×10−3 s stationary −5×10−4 s, adaptive steady state

Material Properties CATHARE n.i. IAPWS-97 tables IAPWS-97 tables

Heat transfer coeff. Hughes [67] α= Nui ·λi · |∇ε| Constant α= 1000 H&D [67] and Shen

∗ : n.i. = no information
∗∗ : TD = turbulence damping applied at the interface (Eq. 1.63 with B = 100)

Ceuca and Macián-Juan implemented two surface renewal theory based correlations into

the CFX software, the Hughes-Duffey and the Shen correlations [72]. They achieved better

agreement with the experimental results when the Shen correlation was used.

Table 5.2 shows the parameters, which I used to simulate the LAOKOON flow channel. The

1.1 m long condensation duct was applied to avoid the outlet effect at the measurement

location.

Table 5.2: Parameters of the LAOKOON experiment

Horizontal dimension of the flow field [m] 1.1

Vertical dimension of the flow field [m] 0.128

Height of the water level [m] 0.031

Inlet velocity of water [m /s] 0.28

Inlet velocity of steam [m/s] 3.20

Pressure [bar] 6.97

Inlet water temperature [K] 310.2

Saturation temperature [K] 437.93

5.1.1 The mesh for the LAOKOON facility

The developed mesh for the LAOKOON experiment followed the suggestions from the

previous works [69],[71],[72]. The two-dimensional mesh was refined towards the water–

steam interface and the walls, x is the direction of the flow (horizontal), and y is the vertical

coordinate. The mesh (M01) contained 186 nodes in the horizontal direction, and vertically

100 nodes resolved the steam phase and 42 the water phase. The number of cells therefore

was 25620. The inlet and outlet faces were divided into two sections according to their

water level in the channel. Figure 5.3 shows the developed mesh, which was prepared using

the ANSYS ICEM CFD 14.5.7 software. The x surfaces (top and bottom) were defined as

adiabatic walls, and the the y surfaces were the inlet and outlet.
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Figure 5.3: The mesh for the LAOKOON facility

Table 5.3 shows the node numbers for the meshes used for mesh refinement studies. The

resolution at the interface is 0.25 mm and 0.1 mm for the two meshes in the y direction.

A third mesh, M03 was used as well, which had a same number of nodes as M02, but the

resolution of the interface was 0.05 mm.

Table 5.3: Node numbers on the mesh

horizontal M01 M02

0−1100 mm 186 350

vertical M01 M02

0−31 mm 42 84

31−128 mm 100 200

5.1.2 Calculation details for the LAOKOON facility

The detailed description for the here listed settings is found in the FLUENT Manuals [54],[55].

The calculations for the LAOKOON facility were run in a transient mode until the steady

state conditions were reached. The simulation requires a well resolved interface, which is

best achieved with a piecewise linear interface calculation (PLIC) algorithm [113] and the

explicit VOF solver. The pressure-based solver was used with the gravity pointing in the −y

direction, the flow moved towards the x coordinate. The standard k −ε turbulence model

was used. The pressure-velocity coupling was achieved by the PISO scheme. The pressure

was discretized with the PRESTO! algorithm, and second order upwind scheme was applied

for the other equations.

The material properties for steam (primary phase) and water (secondary phase) were

constant, and they correspond to the inlet temperatures for the two phases (Table 5.4).
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Table 5.4: Material properties in the LAOKOON experiment

Property Steam Liquid

Density ρ [kg/m3] 3.66 996.77

Specific heat Cp [J/kgK] 2543 4179

Thermal conductivity λ [W/mK] 0.03389 0.6109

Viscosity µ[kg/ms] 1.45·10−5 8.4·10−4

Temperature T [K] 437.93 310.2

The following boundary conditions were set:

• the x surfaces: adiabatic wall;

• steam and water inlet: velocity;

• steam and water outlet: pressure.

Fourteen user defined memories (UDM) were defined and a used defined scalar (UDS),

which correspond to the implementation details introduced in the previous chapter (Sec-

tion 3.4). The following source functions were implemented on the cell level:

• Energy source on the mixture level;

• UDS source on the mixture level;

• Mass source on the primary phase level;

• Mass source on the secondary phase level.

The initialization function and the adjust function were used (for details see Section 3.4).

The initial temperature, velocity and void fraction data were set in the center of the cells

and faces:

• if y > 0.031 m: steam phase with 3.20 m/s and 437.95 K;

• if y < 0.031 m: water phase with 0.28 m/s and 310.2 K.

The initial inlet conditions were set correspondingly to the flow field. The pressure outlet

was set as outflow condition, i.e. the pressure was smaller than the adjacent cell pressure.

Transient calculation for the adiabatic flow, i.e. the energy and the UDS equations were

switched off, run with 10−6 s timestep until convergence was reached. The resulted flow

field was used to define proper inlet and outlet conditions for the flow field. The velocity and

pressure profiles were saved along a vertical line, and this values were set as inlet and outlet

conditions. The proper outlet pressure prevented the reverse flow and the divergence of the

solver at the outlet. The block velocity profile introduced significant y velocity components

in the inlet region. The new velocity profile achieved a smooth condition in the velocities at

the interface and the walls.

After the boundary conditions were set, the initial flow field was calculated with the new

pressure and velocity profiles by running the adiabatic transient until t = 0.005 s. The
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resulted velocity field was used further as initial condition for the calculation with the con-

densation models. The proper initial flow field allowed higher timesteps for the calculations

with energy and mass transfer (∆t = 10−5). The calculations with the energy and UDS

equations run until the steady state conditions were reached (about 10 s of process time).

The calculations were run in parallel mode, on 12 processors. On average, 300 000-700 000

timesteps were finished in 24 hours, which is equivalent to 3-7 s transient time.

5.1.3 Calculation results for the LAOKOON facility

The LAOKOON facility was used for the sensitivity studies of the condensation models,to test

their performance for predicting the condensation rate and the temperature distribution in

the water phase. The four condensation models are (Section 3.2):

1. Lee numerical iteration technique;

2. Surface renewal theory correlation;

3. Direct solution of the heat flux balance equation;

4. Phase field theory based equation.

The models are indicated with the C = 1,2,3,4 symbol. The models were tested with and

without the smearing function (S = 0 and S = 1), and for different diffusion coefficient values

of the smearing function (D). The Lee condensation model was tested for different relax-

ation factor values (r ). Three meshes were calculated for the mesh refinement studies (M01,

M02 and M03). Table 5.5 shows the calculation parameters and the fulfilled calculations.

Table 5.5: Sensitivity calculations for the LAOKOON experiment

M01 M01 M01 M02 M03

Condensation model S = 0 S = 1 S = 1 S = 1 S = 1

D = 10−8 D = 10−7 D = 10−7 D = 10−9

C = 1 and r = 500 01c 11c 21c 41c

C = 1 and r = 1000 01d 11d 21d 41d

C = 1 and r = 2000 01e 11e 21e 41e

C = 1 and r = 2500 01i 11i 21i 41i

C = 1 and r = 3000 01g 11g 21g 41g

C = 1 and r = 4000 01h 11h 21h 41h

C = 1 and r = 5000 01f 11f 21f 41f

C = 2 02a 12a 22a 42a

C = 3 03a 13a 23a 43a 63b

C = 4 04c 14c 24c 44c 64b
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The smearing function was necessary to achieve convergence for the C = 3 and 4 models,

and for the numerical iteration model for relaxation factors higher than 2000. Without

the smearing function, the pressure field at the outlet did not converge, and reversed flow,

waves appeared in the calculation domain (Fig.5.4).

The results are presented through the temperature distribution along the thermocouple line.

The experimental water level was at y = 0.031 m. The comparison focused on whether the

results were dependent on the smearing diffusion coefficient and the mesh, and whether

the steady state conditions were reached.

Figure 5.4: Flow pattern for the 01f study, t = 0.4 s. The blue color indicates the liquid, and
the red the vapor phase. The balck streamlines show the resulted velocity waves and reverse
flow at the outlet.

The Lee condensation model

The Lee condensation model delivered mesh independence. Figure 5.5 shows the tempera-

ture distribution along a vertical line for r = 500 and r = 1000. The temperature distribution

in the two simulations with the same diffusion coefficient and relaxation factor values

followed closely each other. The mesh independence was proved for other relaxation factor

values as well. The mass transfer rate in the Lee condensation model did not depend on the

mesh; therefore, this result was expected.
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Figure 5.5: Temperature distribution for the M01 and M02 meshes, C = 1 in the LAOKOON
facility

Figure 5.6 shows the calculation results for r = 2000. The 01 series were without smeared

mass flux, 11 and 21 had 10−8 and 10−7 diffusion coefficients, respectively. The calculation

results are presented for different times. The 01 series showed a temperature fluctuation in
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time along the vertical line. Waves formation was observed on the water surface (Fig. 5.11)

in the 01e simulation. The high relaxation factor values caused instability in the solver,

and waves formed on the water surface. Consequently, temperature fluctuations were

observed. The smearing function eliminated this effect, as 11e and 21e did not show the

same fluctuation (see Fig 5.11). The difference in the diffusion coefficient did not have an

effect on the results.
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Figure 5.6: Temperature distribution for different diffusion coefficients and times in the
LAOKOON facility

The Lee numerical model was run with seven relaxation factor values ranging from 500 to

5000. Figure 5.7 shows the temperature distribution for the different relaxation factors.
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Figure 5.7: Temperature distribution for relaxation values ranging from r = 500−5000 in the
LAOKOON facility

The small relaxation factor values (11c and 11d) resulted in a subcooling of the steam phase,

and a relevant difference between the saturation temperature and the interface temperature.

High r values (11g, 11h and 11f) resulted in wave formation on the water surface, and

temperature fluctuation along the vertical line (see 11h on Fig 5.11). The calculations
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for r > 2000 diverged without the smeared mass transfer rate. They converged with the

diffusion of the mass transfer to the neighboring cells, but the wave formation and the

unstable temperature solver was not avoided.

The 11e and 21e calculations showed the best agreement with the experimental results. The

calculation was mesh, diffusion coefficient, and time independent.

The surface renewal model

The mass transfer rate, calculated by the surface renewal model, did not drive the interface

to the saturation temperature. The calculations, however, were mesh, diffusion, and time

independent. The mass transfer rate depends on the turbulence of the water; therefore,

the probable explanation for the failure of the model is that the turbulence model did not

calculate correctly the turbulent boundary layer at the interface. The VOF method has

limitations resolving the momentum equation at the interface, if the velocity between the

two phases significantly differ.
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Figure 5.8: Temperature distribution for the C = 2 condensation model in the LAOKOON
facility

The heat flux balance model

Figure 5.9 shows the calculation results for the heat flux balance based model, for two

different values of the diffusion coefficient and all the three meshes.

The heat flux balance model was not mesh independent for the M01 and M02 meshes,

because the temperature boundary layer was not resolved. The temperature gradient

depends on the mesh, if not enough nodes are presented in the laminar boundary layer. The

more refined mesh resulted in the interface temperature, which was closer to the saturation

value. The M03 mesh, with a better resolution of the interfacial region, was as well tested.

The finer mesh in the interfacial region resulted in a better agreement with the experimental

results. However, the most refined mesh could not reproduce the experimental results.

Better resolution of the interface was not possible with the solver settings reported above,

and the k-ε turbulent model.
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The diffusion coefficient did not have an effect on the calculation; nevertheless, the solver

diverged for 03a, when the mass transfer rate was not smeared to the neighboring cells.

320 340 360 380 400 420 440
0.01

0.02

0.03

0.04

0.05

Temperature [K]

Y
 [

m
]

 

 

13a
23a
43a
63b
Experiment
Water level

Figure 5.9: Temperature distribution for the C = 3 condensation model in the LAOKOON
facility

The phase field model

The phase field model predicted the interface temperature better, when the refined mesh

was used. With the M02 mesh, the steam was subcooled only in the interfacial region. The

temperature distribution in the water followed close the experimental results. The diffusion

coefficient did not have an effect on the results.

The M03 mesh was calculated, to test whether the calculation is mesh dependent. No

relevant change was observed in the temperature distribution for the M03 mesh; however,

the calculation time increased. The more refined mesh required smaller timesteps (10−6 s).
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Figure 5.10: Temperature distribution for the C = 4 condensation model in the LAOKOON
facility
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Figure 5.11: Two-dimensional temperature field for selected simulations in the LAOKOON
facility
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5.1.4 Conclusions from the LAOKOON calculations

The sensitivity study showed that the steady state conditions were reached by the transient

calculation in 10 s with all four models. The diffusion coefficient did not have an effect on the

temperature distributions; however, the diffusion itself improved convergence. Moreover,

the C = 1 and 2 models were mesh independent for the resolution of M01 mesh. The phase

field model (C = 4) was mesh independent for the resolution of M02 mesh. The C = 3 model

was dependent on the cell size at the interface.

The driving force in the condensation is the temperature difference between the saturation

and the interfacial cell temperature. After long enough iterations all models should achieve

saturation temperature at the interface. However, if the temperature of the cell depends

on other factors, such as heat convection, which acts against the driving force of the mass

transfer, this might never be reached.

Figure 5.12 shows the results of the achieved best settings for the four condensation models.

The Lee numerical iteration and the phase field models obtained the closest temperature

distribution to the experimental data. The condensation mass transfer for the surface

renewal model did not compensate the subcooling of the gas phase. The direct solution

of the heat flux balance equation achieved results that are close to the experiment, but the

subcooling of the gas phase in the interfacial region persisted.
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Figure 5.12: Temperature distribution results for the four condensation models in the
LAOKOON facility

The optimal relaxation factor in the Lee model was independent from the mesh and the

diffusion coefficient, although, it is dependent on the specific problem. The low values

of r result in a subcooling of the gas phase, and the too high value causes convergence

difficulties. The best practice for finding the optimal value is by trial-and-error, which is not

efficient for big geometries.
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The use of the surface renewal model is not suggested, as it is dependent on the turbulent

conditions at the interface, which is difficult to resolve with the VOF model. The other

three models are applicable, although, they have limitations. The phase field model and

the heat flux balance model require a refined mesh in the interfacial region. The Lee model

is suitable for a wide range of applications; however, the selection of the relaxation factor

might be a limiting factor. The model is suggested for slow transients or steady state flows,

with not too high calculation costs.

The sensitivity study considered several aspects; however, the effect of turbulence models

or solver settings was not analyzed. The simulations, nevertheless, are expected to be

independent from these settings. The next section shows that the models are suited for

other applications as well.

5.2 Calculation results for the COSMEA facility

The COSMEA facility was calculated with the condensation models as well. Figure 5.13

shows the scheme of the setup, for more details see Section 1.4.3.

Cooling water outlet Cooling water inlet

Water-steam
mixture inlet

Condensate
outlet

Figure 5.13: Scheme of the COSMEA experimental facility

The experimental facility consisted of a slightly inclined horizontal condensation pipe. The

pipe wall was cooled by a secondary side. The instrumentation provided information about

the flow pattern, the temperature and heat flux data at one location along the pipe, and the

condensation rate during the experiment. The pipe had an inner diameter of 43.3 mm, and

a length of 3530 mm.

5.2.1 The mesh for the COSMEA facility

The length per diameter ratio of the pipe was 81.5, and the mesh should be fine enough to

resolve the liquid film on the wall; therefore, limiting the mesh to a feasible size resulted in

cells with high aspect ratio. The flow was symmetric to the vertical plane in the middle of

the pipe; consequently, only half of the pipe was simulated.

Figure 5.14 shows the cross section of the pipe (the x direction was the direction of the

flow, y vertically, z horizontally define the cross section). The structured mesh consisting

of three O-blocks with hexahedral cells was developed. The outer part was assigned to a

1 mm wide ring (e1). A second part (e2) was associated with the points in the middle of the

pipe cross section, with a 12 mm distance from the center. The inner core of the pipe was
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defined with a half O-grid (e3 and e4). Table 5.6 shows the number of nodes on the edges.

The flow domain consisted of three axial sections: adiabatic inlet (ei), condensation (ec),

and adiabatic outlet (eo). The number of nodes along these parts are presented in the table

as well. The whole mesh had 1’690’392 nodes. The resolution of the mesh towards the wall

is 0.02 mm.

e1

e2

e3

e4

Figure 5.14: Scheme of the mesh in the cross-section of the COSMEA test pipe

Table 5.6: Number of nodes along the edges of the mesh for COSMEA

e1 e2 e3 e4 ei ec eo

50 30 20 15 60 300 60

5.2.2 Calculation details for the COSMEA facility

The condensation and the refined mesh towards the interface limited the timestep, and the

long pipe required many cells. The hereby presented transient calculations lasted for 10

weeks on 32 processors. Therefore, one test case (No. 454) was chosen from the COSMEA

measurement matrix to demonstrate the prediction ability of the condensation models.

For the COSMEA calculations, the pressure based solver was used, in both steady-state

and transient. The gravity was set to g y = 9.81 ·cosθ =−9.8091 in the y direction, and to

gx = 9.81 ·cosθ = 0.13012 in the x direction, where θ is the inclination angle of the pipe.

The k-ω turbulent model was used and the turbulent damping factor was set to 10 (see

Eq. 1.63). The VOF multiphase method was set implicit in the steady state, and explicit in

the transient calculations. The PISO scheme was applied for the pressure–velocity coupling,
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and the PRESTO! algorithm discretized the pressure. The second order upwind scheme was

set for the other equations.

The material properties were constant, and they corresponded to the inlet temperature of

the two phases (Table 5.7). The operating pressure was 45.4 bars, the saturation temperature

was 531.07 K.

Table 5.7: Material properties for the COSMEA experiment

Property Steam Liquid

Density ρ[kg/m3] 22.907 786.77

Specific heat Cp [J/kgK] 4244.55 4955.717

Thermal conductivity λ[W/mK] 0.053449 0.61154

Viscosity µ[kg/ms] 1.78·10−5 1.0·10−4

Temperature T [K] 531.07 531.07

The inlet boundary condition for the void fraction and the velocity was defined by a user

defined function. The experimental inlet mass flow rate was converted to block velocity

profile. The injection system of the water inlet contains of a ywl = 0.5 mm wide ring, which

ensured the 0.5 mm thick annular water flow at the inlet (Awater). The core of the pipe

(Asteam) was occupied by steam. Therefore, the steam and liquid inlet area was calculated:

Asteam = r 2 ·π= (
R − ywl

)2 ·π; (5.1)

Awater = R2 ·π− Asteam =
(
R2 − (

R2 − ywl
)2

)
·π. (5.2)

The velocity of the corresponding phase (p = steam,water) was calculated using the area,

the mass flow rate and the density of the phase:

Vp = ṁp

ρp Ap
. (5.3)

The outlet boundary was an outflow condition, set by a user defined function. The x − y

plane obtained a symmetry boundary condition. The pipe wall was adiabatic for the inlet

and outlet sections. The condensation section wall was made of a 2.5 mm thick stainless

steel (8 g/cm3 density, 15 W/mK thermal conductivity and 500 J/kgK specific heat). The

secondary side was considered with an outlet wall temperature of 312.8 K.

The mesh had about 1.6 million nodes; therefore, the optimal initial conditions should be

reached before calculating the condensation phenomenon. For this purpose, a steady state

calculation was performed with the initial conditions being equivalent to the inlet velocity

condition, i.e. a 0.5 mm annular water flow at 4.5 m/s and a core steam flow with 10.4 m/s.

The block velocity profile at the inlet caused a big pressure difference at the interface

between the gas and the liquid, which resulted in a local peak of the cross sectional velocity
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component at the inlet. This effect causes divergence in the momentum equation for high

timestep values. To avoid this effect, the convergence for the velocity field in the pipe was

reached with a small timestep (10−7 s), and a velocity profile was saved at the cross section

x = −230 mm (for reference locations see Table 1.7). This profile was used later as inlet

condition and a timestep of 10−5 s was achieved.

The initial field for the momentum and the void fraction equations were achieved by calculat-

ing the steady state solution without the energy equation (adiabatic flow). The convergence

was reached after 450 iterations. The implicit VOF scheme was used and the modified HRIC

scheme to reconstruct the interface.

5.2.3 Calculation results for the COSMEA facility

Adiabatic flow calculation - steady state solver

The void fraction distribution in the pipe was a result of a transient process. The proper

initial conditions for the transient were reached by steady state simulations. As a first step,

the energy and the user defined scalar equations were not solved, and the steady state solver

was run until the convergence of the momentum, turbulence and VOF equations. The k-ε

turbulent model caused divergence in the continuity equation; therefore, the k-ω model

was used, with settings tuned to achieve the fastest convergence. The absence of turbulence

damping, high values of the damping factor, and the SST k-ωmodel resulted in a divergence

of the solver.

Saturation initial temperature was set for both phases, and the x velocity component was

calculated according to the mass flow separately for the phases. The water phase assumed

to occupied a 0.5 mm thick annular region, the core of the pipe was occupied by the steam

phase.

The convergence of the momentum, turbulence and void fraction equations was reached

after 450 iterations, and this results were used further as initial condition for the calculation

with phase change.

Condensation calculation - steady state solver

In the second step, steady state calculations were run with the energy equation to achieve

good initial conditions for the transient calculation. The steady state solver converged fast

together with the energy and the UDS equations; therefore, it was used to find the optimal

settings for the later simulations.

The simulations without the smearing of the mass source resulted in reversed flow at the

outlet and divergence of the continuity equation, just as in the LAOKOON simulations.

The diffusion coefficient was found such that the interface region occupied 6 cells (D =
10−10). The Lee condensation model diverged with relaxation factor values higher than 8000.

The surface renewal calculation resulted in an unphysical subcooling of the steam phase;
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therefore, this model was not used for transient analysis.

The heat flux balance based (C = 3) condensation model achieved the best results for the

temperature field in the steady state calculation. The gas phase subcooling did not occur,

and the temperature distribution in the liquid layer was linear. Figure 5.15 shows the

temperature data in the pipe cross section at x = 1.32 m. The temperature distribution is

presented along five radial lines (0°, 45°, 90°, 135°and 180°). The liquid film was 0.2 mm thick

in the upper region, and 1 mm thick at the bottom of the pipe, having a local minimum at

135°.

Figure 5.15: Temperature distribution in the cross section of the COSMEA condensation
pipe and along five radial lines (x = 1800 mm) for the steady state simulation with the C = 3
condensation model

Figure 5.16 shows the temperature distribution for the five radial lines, which resulted from

the steady state calculation with three condensation models. The relaxation factor in the

Lee condensation model was r = 6000. The slight subcooling of the gas phase was observed

in the interface region for C = 1 and C = 4, but it was not present for the C = 3 model. As the

temperature distribution in the liquid film is linear, the temperature gradient is calculated

correctly in the heat flux balance model, and it drives the interface to saturation conditions

fast. The other two model obtained similar results and the condensation mass transfer rate

was similarly predicted in the two approaches. The phase field theory calculated a lower

steam temperature in the flume (0° and 45°), where a course part of the mesh is present in

the interface region.
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Figure 5.16: Results of the steady state calculation of the COSMEA facility: temperature
distribution along five lines at x = 1800 mm for three condensation models

Condensation calculation - transient solver

The steady state results for the numerical iteration technique with r = 6000, for the heat flux

balance and for the phase field models were used to calculate the transient phenomenon.

The calculations started with a timestep of ∆t = 10−6 s, which was increased to ∆t = 10−5 s.

The heat flux balance model encountered convergence problems in the user defined scalar

equation after 0.35 s, because the very thin liquid layer. The scalar equation had a zero

flux boundary condition; thus, the thin liquid layer resulted in a non-zero mass flux in the

wall adjacent cells, which caused the divergence of the solver. Consequently, the heat flux

balance based model was not able to calculate the transient condensation process in the

pipe.

The numerical iteration and the phase field models were numerically stable. The transient

run for 23 s. The temperature field and the velocity field became constant after this period.

The results were compared to the experiments. The phase field model obtained close results

to the experimental data, whereas the numerical iteration technique under-predicted the

condensation rate. The discussion on the comparison of the two models and the comparison

to the RELAP5 calculation and the experiment is presented in Section 5.2.4. The detailed

results are presented below for the phase field model.

Figure 5.17 shows the cross section of the pipe, with the five angular locations of the heat

flux measurements. The five radial lines (L1-L5) indicated on the figure were used to analyze

the temperature distribution.

Figure 5.18 shows the developed void fraction distribution for five locations along the pipe.

The left side of the figures present the X-ray tomography images from the experiment, and

the right sides are the results from the phase field model, where the red area indicates the
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steam, and the blue the water phase. The white line on the tomography images define the

stratified flow height in the experiments [101]. The values are reported in Table 5.8.

Figure 5.17: Measurement points at x = 1800 mm in the COSMEA condensation pipe and
the location of the five radial lines for analyzing the temperature distribution

x = 470 mm x = 870 mm                            x = 1320 mm

x = 1800 mm x = 2170 mm

Figure 5.18: Comparison of the void fraction distribution between the X-ray tomography
images and the CFD results at five cross sections along the COSMEA condensation pipe.

The tomography images averaged the void fraction distribution over a signal acquisition

period of 3 minutes; therefore, waves were not detected. The visualization of the CFD results

prove that no significant wave formation occurred in the pipe. The liquid film thickness

in the CFD calculation was defined through the radial coordinate of the cell, where the

gradient of the void fraction had a local maximum. The flume thickness in the experiment

and the calculation showed good agreement.
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Figure 5.19.a shows the projection of velocity vectors onto the plane of the pipe cross

section at x = 1800 mm. Figure 5.19.b shows the distribution of the velocity magnitude. The

bottom flow mainly had axial components, whereas the liquid film velocity had azimuthal

components as well. The steam moved towards the pipe wall, where it condensed, causing

a vortex in the gas phase. The liquid film drained into the axial bottom flow.

5.19.a 5.19.b

5.19.c 5.19.d

Figure 5.19: Streamline projection, velocity and temperature distribution for a cross section
of the COSMEA condensation pipe at x = 1800 mm, for the transient calculation with C = 4

The Reynolds number of the steam phase was 560’000, the axial flow had a Reynolds number

of 305’000, and the liquid film 200. The values were calculated from the average velocities,

the hydraulic diameters of the flow cross section, and the material properties. The axial

water flow and the steam were turbulent flows, the liquid film on the wall was laminar.

This is in agreement with the assumptions of the MATLAB calculation for the heat transfer

coefficient calculation (Chapter 2).

The temperature profiles on Fig. 5.19.c and d showed that the water cooled down to 486 K

from the saturation value (531 K). The gas phase experienced a subcooling of 5 K on average,
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which is unrealistic, and it was caused by the coarse mesh in the core of the pipe, where the

axial flume located. Figure 5.19.d shows the temperature distribution close to the interface

along the five radial lines (L1-L5). The temperature distribution in the liquid film (L2-L5)

was linear, and a sudden change in the temperature was observed at the interface.

Figure 5.20 shows the measured and calculated wall heat flux for the x = 1800 mm cross

section. The data are presented along the polar coordinate ϕ (see Fig. 5.17). The heat

flux was negative, as the wall was colder than the flow in the pipe. The error bars show

the measurement uncertainty of 8%, which is too large to draw conclusions. The CFD

simulation showed the expected difference between the axial bottom flow and the laminar

film flow. The heat flux has a local minimum at the top of the pipe cross section, and an

absolute minimum at the boundary between the liquid film and the axial flume.

Figure 5.20: Measured and calculated heat flux distribution at x = 1800 mm of the COSMEA
condensation pipe in the transient simulation with C = 4

The heat flux distribution reflects the variation of the thickness of the liquid film. Figure 5.21

shows the calculated liquid film thickness. At the top of the pipe, a local maximum was

observed, and the average thickness of the liquid layer was 0.1 mm.

The MATLAB code (Chapter 2) was applied with the conditions from the COSMEA facility

to determine the average heat transfer coefficient along the pipe wall. The aim was to

test the mechanistic approach based on the introduction of the stratification angle by the

comparison to CFD. The void fraction results at x = 1800 mm in the CFD calculation was

used as an input parameter for the MATLAB calculation (Fig. 5.22). The calculated film

thickness was 0.1 mm, which is equal to the results from the CFD calculation.

The MATLAB code was modified to calculate the distribution of the heat transfer coefficient

along the circumference of the pipe (using Eq. 2.56). The results were compared to the

CFD calculation (Fig. 5.23). The normalization of the heat flux was necessary, because the

secondary side was not modeled; thus, the relative shapes of the heat flux distribution can

be compared.
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Figure 5.21: Calculated film thickness at x = 1800 mm of the COSMEA condensation pipe in
the transient simulation with C = 4

Figure 5.22: Results of the MATLAB calculation for the COSMEA 454 experiment at x =
1800 mm
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The laminar flow model of Nusselt predicted a smooth distribution, with a local minimum at

the top of the wall, where the liquid film has a local maximum. The CFD code, too, predicted

a decrease of the heat transfer coefficient in this region. However, the difference was not as

significant as in the MATLAB calculation. The calculation with the MATLAB code assumed

a uniform film thickness at the bottom of the pipe; therefore, the transition of the heat

transfer coefficient between the liquid film and the axial flow was not captured. The heat

transfer coefficient in the CFD code had a minimum value, where the liquid film met the

axial flow, and the vortexes formed in the gas phase.

The mechanistic model was able to predict the major qualitative features of the heat transfer

coefficient in a horizontal pipe. The assumptions of the laminar film flow and turbulent

axial flow were supported by the CFD simulations.

Figure 5.23: Normalized wall heat flux in the CFD calculation and the MATLAB calculation -
COSMEA experiment at x = 1800 mm

5.2.4 Conclusions and comparison to the RELAP5 calculation

The COSMEA facility challenged the CFD calculation due to the high length to diameter

ratio and the very thin condensate film on the pipe wall. The developed mesh had refined

cells towards the pipe walls, but in the middle of the pipe, where the flume was located, the

mesh was coarse. The calculation time was high due to the large dimensions of the flow

domain.

The surface renewal theory did not provide high enough mass transfer rates, as the liquid

film was laminar and a significant heat transfer enhancement by surface renewal takes only

place if there is turbulence in the liquid phase. The heat flux balance method provided good

initial conditions for the transient calculations; however, the transient calculation did not

converge for the user defined scalar equation. Therefore, these two models were not able to

calculate the COSMEA experiment.
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The numerical iteration technique and the phase field model were numerically stable for

both steady state and transient calculations. The calculation results for the flow field, the

heat transfer coefficient, the film thickness were analyzed in detail for the phase field model.

The results were used to test the assumptions of Chapter 2.

The numerical iteration technique under-predicted the condensation rate. Figure 5.24

demonstrates the void fraction distribution at x = 1800 mm for the numerical iteration

technique and the phase field model, where the lower stratification height in the C = 1

calculation reflects the smaller condensation rate.

Figure 5.24: Comparison of the flow pattern for C = 1 and C = 4

The results suggest that the constant relaxation factor in the transient calculation and for

the changing liquid film thickness could not achieve proper global condensation rate in the

pipe. Varying the relaxation rate in the transient calculation was not possible, considering

the long simulation time and the trial-and-error procedure to find the optimal value.

Table 5.8 shows the comparison between the experiment, the RELAP5 calculation (see

Section 4.3) and the CFD calculations. The heat flux data are the average of the wall heat

flux for the CFD calculations and the experiments at x = 1800 mm.

Table 5.8: Comparison of the experiment, the RELAP5, and the CFD calculations

Experiment RELAP5 CFD (C = 4) CFD (C = 1)

h(x = 470mm) [mm] 2.5 5.1 4.0 3.8

h(x = 870mm) [mm] 4.0 5.5 4.4 4.3

h(x = 1320mm)[mm] 4.5 6.1 5.5 4.4

h(x = 1800mm)[mm] 5.5 6.8 6.0 4.5

h(x = 2170mm) [mm] 6.5 7.3 6.0 4.4

Heat flux [kW/m2] 930 893 1005 1060

Condensation rate [kg/s] 0.175 0.169 0.088 0.032
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The RELAP5 code over-predicted the stratification height, while the phase field model over-

predicted it for the first three locations. However, considering the measurement uncertainty

of 0.5 mm, both calculations followed well the distribution of the experimental results.

The RELAP5 code under-predicted the heat flux by 4 %, while the phase field model over-

predicted it by 8%. The experimental condensation rate had 16% uncertainty. The RELAP5

code estimated the condensation rate within the error bands. The phase field model, how-

ever, under-predicted the condensation rate by 50% because of the unrealistic subcooling

of the gas phase. The numerical iteration technique under-predicted the condensation rate

and the stratified height, whereas the heat flux was over-predicted by 18%.

The subcooling of the steam in the phase field approach was not completely avoided,

mainly because the mesh was not refined at the stratified flow surface, but it was much less

pronounced than the relaxation method.





6 Conclusions and Outlook

This thesis was dedicated to analyze condensation for the application in the emergency

cooling system of a Gen-III+ boiling water reactor [1]. Two approaches were investigated,

one-dimensional modeling with the RELAP5 system code, and three-dimensional modeling

with the FLUENT computational fluid dynamics code. The conclusions concern the two

approaches individually, and the comparison of them.

6.1 Conclusion on the thermal-hydraulic system code

calculation

Although the RELAP5 code is a well established and efficient tool to simulate condensation

processes, a deficiency was identified in a post-test analysis of the strongly transient, fast

condensation experiments, called INVEP. In these experiments, the speed of the condensa-

tion process was driven to the extreme by a sudden pressurization with vapor of a nearly

horizontal pipe resting in a basin with cold water. Although the condensation process in

the emergency condenser of the KERENA reactor is much less dynamic, and RELAP5 was

known to predict classical accident scenarios with a satisfying accuracy, it was concluded

that the a best estimate code should be able to cover also borderline cases, such as the

INVEP experiments, because this guarantees a high robustness of the thermal hydraulic

simulations.

Sensitivity studies of the heat transfer in the RELAP5 calculations showed, that the domi-

nating factor for the underestimation of the process dynamics was the condensation heat

transfer model. Therefore, a mechanistic approach was developed to calculate the heat

transfer coefficient in a cross section of the flow field, considering local parameters in the

pipe.

The model assumed a stratified flow pattern, with steam phase in the core, axial turbulent

flow at the bottom, and laminar film condensation on the upper part of the pipe. The local

void fraction was used to calculate the stratification angle, which determines the stratified

flow height and the heat transfer coefficient in a cross section of the pipe.

133
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The model was investigated first on a single pipe cross section. The calculation showed that

the bottom part heat transfer coefficient had a negligible contribution to the heat transfer;

therefore, only the upper part heat transfer calculation was implemented into the RELAP5

code.

The modified RELAP5 code was validated against two experimental test cases representing

different geometries. First of all, the same INVEP experiment [96], which revealed the

deficiencies of the original RELAP5 version, was calculated with the modified RELAP5 code.

The simulation predicted well the pressure, void fraction and temperature data for different

initial conditions, and different locations in the condensation pipe during the transient

condensation process. The mechanistic model was able to capture the heat transfer, when

the void fraction altered fast in the computational node. Therefore, the modified RELAP5

achieved better agreement with the experimental results, and the condensation rate was

predicted better than with the original code.

The second test facility used for the validation was the COSMEA experiment [101], which is

a single tube experiment for flow morphology and heat transfer studies. The calculations

were able to reproduce the experimental temperature and condensation rate results for

different initial pressure and mass flow rates. The modified condensation model and the

original RELAP5 calculation did not show a difference for the steady state condensation

process. The Chato correlation, which is implemented in the RELAP5 code, obtains the heat

transfer coefficient for an average stratification angle in the flow. Therefore, the modified

model and the Chato correlation acquired the same heat transfer to the secondary side.

A geometrical heat transfer correlation was implemented for condensation with non-

condensable gas. The model accounted for the specific flow pattern in the INVEP facility.

The model assumed that the non-condensable gas and the steam did not mix in the pipe,

and the non-condensable gas bubble stayed on the surface of the bottom liquid flow. There-

fore, laminar film condensation of pure steam occurs at the upper part of the pipe wall. The

calculation with the geometrical condensation model showed very good agreement with

the experiments. The model performed better than the modified RELAP5 code without the

account for the non-condensable gas core. The approach is specific for a scenario, when

the air does not mix with the steam.

6.2 Conclusion on the computational fluid dynamics

calculation

Computational fluid dynamics calculations were done using the volume of fluid multiphase

method in the FLUENT code. The method is highly efficient in calculation of multiphase

flows with well defined interfaces, although the FLUENT code does not provide phase

transition model. To extend the possibilities of the software, four phase change models were

developed and implemented.
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The first technique, the so-called numerical iteration method introduced an arbitrary mass

and energy transfer at the interface, if the temperature of the corresponding cell was different

from the saturation value [78]. The mass transfer rate was a function of the relaxation factor,

which determined the speed of convergence to the saturation temperature in the interface

cells. The second approach was the surface renewal theory, which assumed that the eddies,

forming on the liquid surface, are responsible for the transfer of the latent heat to the bulk

liquid. The condensation rate depended on the turbulent velocity and length scale [67]. The

third model solved the heat flux balance equation at the interface; therefore, the resolution

of the thermal boundary layer was necessary. The fourth technique was derived from the

phase field theory [84].

The developed models were implemented into the FLUENT code as user defined functions.

Additional functions accounted for the specific boundary and initial conditions in the two

geometries, which were used for code validation. An additional scalar field, a smearing of

the mass flux through the interfacial region, was defined as well. The scalar field supported

the solver to achieve convergence in the mass continuity equation.

The FLUENT code was used to simulate the LAOKOON and the COSMEA facilities. The

LAOKOON facility [99] was built to analyze direct contact condensation in a horizontal duct,

which featured two-dimensional, steady state flow field. The condensation occurred on the

liquid-steam interface, and the water height was constant during the experiment.

A sensitivity study was conducted using the LAOKOON simulations to determine the limi-

tations and possibilities of the four condensation models. Mesh independence study, the

effect of the smeared mass flux and the relaxation factor in the numerical iteration technique

was investigated in details.

The numerical technique and the surface renewal correlation were mesh independent. The

phase field theory was independent for the resolution of the second mesh. The heat flux

balance model was mesh dependent, and the better resolution of the interfacial region was

not possible with the applied two-equation turbulence model.

The smearing of the mass flux through the interfacial region helped the convergence of the

solver. Nonetheless, the effect of the diffusion coefficient, which determines the thickness

of the smearing, was negligible for all models.

The optimal relaxation factor in the first model was independent from the mesh and the

diffusion coefficient. Low values of the factor resulted in an unphysical subcooling of the

gas phase, while high values caused divergence in the simulations, and the steady state

condition was not established. The optimal relaxation factor has to be tuned for each

experiments individually; therefore, the big computational domain or a transient nature of

a process limits the applicability of the method.

The numerical iteration and the phase field models achieved the best agreement with the

experimental results. The two calculations followed closely the experimental temperature
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distribution along the thermocouple line in the water. The subcooling of the steam was not

significant, and was concentrated to the interfacial cells. The phase field model requires a

finer mesh than the numerical iteration technique.

The condensation mass transfer for the surface renewal model did not compensate the

subcooling of the gas phase. The surface renewal model is not suggested with the VOF

model, as it depends on the turbulent conditions at the interface, which is difficult to resolve

with VOF.

The direct solution of the heat flux balance equation obtained close results to the experiment,

but the subcooling of the gas phase in the interfacial region was observed. The calculation

was mesh dependent. Higher resolution of the interfacial region was not possible with the

applied turbulence model.

The conclusions were used to set up the simulation for the COSMEA facility. The condensa-

tion pipe had a length to diameter ratio close to ninety; therefore, about two million nodes

were needed in the calculation domain. The initial conditions were achieved by steady state

calculations, and transient simulations were used to establish the conditions in the pipe.

Similarly to the LAOKOON simulations, the smearing function was absolute necessary to

achieve convergence, and to avoid the reversed flow at the outlet. The diffusion coefficient

was set that the interfacial region occupied 6 cells.

The surface renewal theory did not provide high enough mass transfer rates, as the liquid

film was laminar and a significant heat transfer enhancement by surface renewal takes only

place if there is turbulence in the liquid phase. The heat flux balance method provided good

initial conditions for the transient calculations; however, the transient calculation did not

converge for the user defined scalar equation. Therefore, these two models were not able to

calculate the COSMEA experiment.

The numerical iteration and the phase field models were numerically stable. The calculation

results were compared to the experiment for the total condensation rate, the void fraction

distribution and the heat flux measurements.

The phase field model could predict the void fraction distribution and the calculated av-

erage heat flux. A flume at the bottom of the pipe developed, which had mainly axial

velocity components. The liquid film had an average thickness of 0.1 mm, and it had a local

maximum thickness at the top of the pipe. The steam core moved towards the liquid film

interface, where it condensed, and the liquid film flowed downwards to the axial flume. The

wall heat flux distribution in the cross section reflected the results from the film thickness

distribution.

The subcooling of the gas phase was observed in the CFD calculations due to the coarser

mesh at the stratified flow surface. The gas cooled 5 K below the saturation value in the

phase field model. Therefore, the total condensation rate was under-predicted compared to

the experiment.
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The numerical iteration failed to predict the condensation phenomenon. The condensation

rate in the phase field model was two times higher than the condensation rate in the

numerical iteration model. The results suggest that the constant relaxation factor in the

transient calculation and for the changing liquid film thickness could not achieve proper

global condensation rate in the pipe. Varying the relaxation rate in the transient calculation

was not possible due to the long calculation time.

6.3 Comparison of the two approaches and outlook

The comparison was made between the experiment, the RELAP5 calculation and the CFD

calculations, which showed that the best practice was adopted to calculate the phenomenon

in the condensation pipe for one-dimensional system codes and for CFD codes. Never-

theless, both approaches have advantages and limitations. The RELAP5 code was able to

reproduce the experimental data fast and reliably. However, a mechanistic prediction of the

void fraction distribution in the pipe cross section was necessary to achieve good results.

The CFD calculations required about 1.5 million cells; therefore, the calculation time was

significantly higher. However, it is not necessary to assume the initial distribution of the

void fraction, as it is a result of the continuity equations. The CFD calculation provides

more details about the flow field and more understanding of the process than the thermal-

hydraulic system code. The developed condensation models are general, and, although

they have limitations, the proper settings can be found for any engineering application with

phase transition. The models have no limitation for the multiphase model, for the turbulent

model, and for the solver settings. The only limitation is that they assume that the mass

transfer is concentrated to the interface between the liquid and its vapor.

The numerical iteration technique is a powerful tool; however, the selection of the relaxation

factor is a limiting factor. To establish such a procedure, series of experiments are needed.

The experiments are feasible, if the flow field is steady state and two-dimensional; hence,

the number of calculations is not limited by the calculation time. The experiments should

account for different flow conditions, e.g. pressure or turbulence level, so the sensitivity

study can be done for the optimal relaxation factor.

Whenever the flow is three-dimensional, the computational fluid dynamics code, with the

implemented phase change models, provide a powerful tool to calculate condensation. The

validation of the models should be done for other phase change processes as well, including

boiling and transient direct contact condensation.





A Measurement results for the COSMEA
facility

The measurement results for the COSMEA experiments [101] are presented, separately for

the inlet conditions (Table A.1), the primary side (Table A.2), heat flux data (Table A.3), and

secondary side (Table A.4). The following tables indicate if the parameter is for steam (s) or

water (w), primary side (pr) or secondary side sec. The measurement points are in Table 1.7.

Table A.1: Measurement matrix of the COSMEA experiments

No. P pr (bar) εpr ṁtotal(kg /s) ṁs(kg /s) ṁw (kg /s) T sec
mean(K ) ∆T sec(K )

51 5 1 0.088 0.088 0 313 3

52 5 0.63 0.130 0.064 0.042 313 3

151 15 1 0.255 0.255 0 313 3

152 15 0.80 0.255 0.204 0.051 313 3

153 15 0.60 0.255 0.153 0.102 313 3

154 15 0.40 0.255 0.102 0.153 313 3

251 25 1 0.406 0.406 0 313 5

252 25 0.83 0.406 0.336 0.07 313 5

253 25 0.66 0.406 0.266 0.14 313 5

254 25 0.48 0.406 0.196 0.21 313 5

255 25 0.31 0.406 0.125 0.281 313 5

451 45 1 0.610 0.610 0 313 5

452 45 0.85 0.610 0.520 0.09 313 5

453 45 0.70 0.610 0.429 0.181 313 5

454 45 0.56 0.610 0.339 0.271 313 5

455 45 0.41 0.610 0.248 0.362 313 5

456 45 0.33 0.610 0.203 0.406 313 5

651 65 1 0.800 0.800 0 315 5

652 65 0.85 0.800 0.678 0.122 315 5

653 65 0.70 0.800 0.556 0.244 315 5

654 65 0.54 0.800 0.434 0.366 315 5

655 65 0.43 0.800 0.340 0.470 315 5

656 65 0.31 0.800 0.245 0.555 315 5
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Table A.4: Measurement results - Secondary side

No. PI 2(MPa) ṁI 2(kg /s) TI 2(K ) T4(K ) T3(K ) T2(K ) T1(K ) TO2(K )
51 0.3 15.7 311.65 312.55 313.25 313.45 313.35 313.85
52 0.3 14.3 311.65 312.55 313.15 313.45 313.35 313.85

151 0.5 29.6 311.85 312.65 313.35 313.65 313.45 314.05
152 0.5 27.5 311.65 312.45 313.15 313.45 313.35 313.85
153 0.4 25.7 311.65 312.45 313.05 313.45 313.25 313.85
154 0.4 23.4 311.75 312.45 313.15 313.45 313.35 313.95
251 0.4 19.1 310.65 311.95 312.95 313.45 313.25 314.45
252 0.4 18.8 310.75 311.95 312.95 313.45 313.25 314.35
253 0.4 17.5 310.65 311.95 312.95 313.35 313.15 314.45
254 0.3 16.1 310.65 311.85 312.85 313.35 313.15 314.45
255 0.3 14.9 310.65 311.75 312.75 313.25 313.15 314.45
451 0.4 25.3 311.55 312.85 313.85 314.35 314.15 315.15
452 0.4 23.9 310.55 311.85 312.85 313.35 313.15 314.15
453 0.4 23.1 310.65 311.95 312.95 313.45 313.25 314.25
454 0.4 22.0 310.65 311.95 312.95 313.45 313.25 314.35
455 0.4 20.3 310.25 311.55 312.45 313.05 312.85 313.95
456 0.4 19.1 310.55 311.85 312.75 313.25 313.15 314.25
651 0.5 29.6 312.65 313.95 315.05 315.35 315.15 316.35
652 0.5 28.5 312.05 313.35 314.45 314.85 314.65 315.75
653 0.4 27.9 313.15 314.55 315.55 315.95 315.75 316.85
654 0.4 26.7 312.95 314.25 315.35 315.65 315.45 316.65
655 0.4 25.4 312.75 314.05 315.15 315.45 315.25 316.45
656 0.4 23.3 312.65 313.85 314.95 315.25 315.15 316.35
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