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OECD/NEA NUCLEAR SCIENCE COMMITTEE 

START-UP MEETING OF THE EXPERT GROUP ON ACCIDENT TOLERANT FUELS 

FOR LIGHT WATER REACTORS (LWRs) 

28 April 2014 (14.00-17.30) 

29 April 2014 (09:00-13:00) 

NEA Headquarters (Room B) 

12 boulevard des Iles, 92130 Issy-les-Moulineaux, France 

PROPOSED AGENDA 

Please be advised that for security arrangements at the OECD Nuclear Energy Agency you are kindly requested to 

report upon arrival to the Reception Desk on the ground floor with a photo ID. A badge will be issued that will allow 

you to enter the premises at all times during the meeting. 

Local information about hotels and transport, as well as an area map, can be found on the Web page 

http://www.oecd-nea.org/general/practical/. 

Monday 28 April 

14.00   Welcome and introduction of participants         (Secretariat) 

14.00-14.15  Election of the Chair               (Secretariat) 

14.15-14.30  Approval of agenda               (Chair) 

14.30-15.00  Draft mandate of EGATFL: Discussion of Scope and Objectives    (Chair) 

15.00-17.30  Technical updates since the 2
nd

 meeting on ATF (28-29 October 2013) 

                    [NEA/NSC/DOC(2014)1] 

 Japan                (M. Kurata, JAEA) 

 US DoE               (S. Bragg-Sitton, INL) 

 EPRI                (A. Sowder, EPRI) 

16.00-16.30  Coffee break 

 Republic of Korea            (Y-H. Koo, KAERI) 

 P.R. of China             (Y. Zhou, CGN) 

 France               (Th. Forgeron, CEA) 

 Russian Federation            (Y. Zvonarev, NRC KI) 

 Belgium               (M. Verwerft, SCK-CEN) 

17.30   Adjourn 

http://www.oecd-nea.org/general/practical/
http://www2.oecd.org/oecdinfo/info.aspx?app=OLIScoteEN&Ref=NEA/NSC/DOC(2014)1
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Tuesday 29 April 

09.00-10.45  Work plan for the next two years 

 Potential links with other related activities 

o NEA related activities 

 CSNI/WGFS           (M. Petit, IRSN) 

 WPFC/EGIF, WPRS/EGRFP       (Secretariat) 

o IAEA related activities           (V. Inozemtsev) 

 Presentation on proposed activity (from last NEA ATF Meeting)  (Chair) 

 Discussion: Participants, contributions, deliverables and timescales 

 Proposal of Task Forces to be constituted within this Expert Group 

10.45-11.00  Coffee break 

11.00-1215  Draft mandate of EGATFL: Preliminary listing of deliverables   (Secretariat) 

12.15-12.30  Election of the Chair              (Secretariat) 

12.30-12.45  Preliminary list of actions from this meeting        (Secretariat) 

12.45-12.50  Date and place of the next meeting 

12.50-13.00  Any other business 

13.00   Adjourn 
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Preliminary Mandate of the Expert 

Group on Increased Accident Tolerance 

of Fuels for LWRs  

elaborated after the 2nd OECD-NEA Meeting 

on ATF (28-29 Oct. 2013) 

 

EGATFL Start-up Meeting 

28-29 April 2014, NEA HQ 
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Expert Group 

on Increased 

Accident 

Tolerance of 

Fuels for 

LWRs 
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Under the guidance of the Nuclear Science Committee, the 

Expert Group will primarily act as a forum for scientific and 

technical information exchange on advanced Light Water 

Reactor (LWR) fuels with enhanced accident tolerance. The 

Expert Group will focus on the fundamental properties and 

behaviour under normal operations and accident conditions for 

advanced core materials and components (fuels, cladding, 

control rods, etc.). The materials considered will be applicable 

to Gen II and Gen III Light Water Reactors, as well as Gen III+ 

reactors under construction. 

Proposal of constitution of an EG on Increased 

Accident Tolerance of Fuels for LWRs 

(EGATFL) 
Scope 
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In particular, the Expert Group will: 

• foster information exchange on material properties and 

relevant phenomenological experiments 

• carry out state-of-the-art reviews 

• organise benchmark studies 

• and foster international collaborations 

regarding the development of core materials and designs 

which provide an improved tolerance to accidents. 

• Conditions such as those experienced during the Fukushima 

incident will be considered but the considerations will not be 

limited to only Fukushima-like events. 

Objectives (1 / 3) 
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The following items may be included in the programme of work: 

• Data and characteristics of candidate materials, including: 

– Advanced claddings: coated Zr-based alloys, SiC/SiC ceramic composites, 

advanced steels, refractory metals (e.g. molybdenum), etc.; 

– Advanced Fuels: doped UO2 for enhanced thermo-mechanical properties, 

high density fuels such as U-silicide and U-nitride, dispersion fuels with 

coated particles, etc.; 

– Non-fuel core components such as fuel channels, control rods and blades, 

and fuel assembly hardware; 

• Issues related to the modelling of the advanced materials (fuel/cladding 

behaviour in normal and transient conditions, including DBA and BDBA, etc.); 

• A review of the needs related to an experimental validation of the most 

promising materials: available facilities, opportunities of joint experiments 

(including out-of-pile and in-pile experiments), identification of gaps, etc. 

• The establishment of appropriate metrics to help prioritise between the ATF 

candidates; 

• The definition and evaluation of reference scenarios to evaluate the 

effectiveness of  ATF candidates. 

Objectives (2 / 3) 
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It is anticipated that the Expert Group may organise the programme of work through 

activities carried out by individual Task Forces dedicated to specific technical issues 

such as: 

• Identification and evaluation of candidate materials; 

• Development of fundamental properties for the candidate materials; 

• Evaluation of metrics for ATF; 

• Development of modelling and simulation methods, identification of accident 

scenarios; 

• Experimental needs and facilities. 

Objectives (3 / 3) 
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A detailed technical programme of work will be identified by the established Expert 

Group. 

• Key deliverables during the first phase of work may include multiple reports 

such as state-of-the-art report on candidate materials/designs, the available 

data on fundamental properties, technical readiness level definition and 

evaluations, modelling methods, definitions of standard scenarios for 

evaluation of candidates’ performance, availability of experimental data & 

experimental facilities, desired characteristics/performance metrics. 

• The development of these reports, along with the outcomes of periodic 

discussions at information exchange meetings will form the basis of the overall 

programme of work. 

Deliverables 
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Synergistic links may be established (participation to common meetings, expert advice and/or 

reports reviewing, joint membership in multiple groups, etc.) with other bodies and 

stakeholders1 within and outside the OECD-NEA: 

• OECD-NEA Nuclear Science Committee: 

– Working Party on Multiscale Modelling of Fuels and Structural Materials for Nuclear 

Systems (WPMM), on the issue of advanced modelling techniques; 

– Working Party on reactor Systems (WPRS), for nominal and accidental behaviour, fuel 

modelling; 

– Working Party on Scientific Issues of the Fuel Cycle (WPFC), Expert Group on 

Innovative Fuels (EGIF), for innovative fuels and cladding; 

• OECD-NEA Committee on the Safety of Nuclear Installations: 

– Working Group on Fuel Safety (WGFS); 

– Working Group on Analysis and Management of Accidents (WGAMA), for accidental 

scenarios modelling; 

– Benchmark Study of the Accident at the Fukushima Daiichi Nuclear Power Station 

(BSAF) Project, for the accidental sequences on Fukushima Units 1-3; 

• IAEA, which foresees establishing a Coordinated Research Project on ATF from 2015. 
 

1 Key external non-governmental stakeholders include vendors, utilities, independent research organizations 

(like EPRI,…), and academic institutions. 

Link with other activities 



Overview on ATF R&D in Japan 

Masaki Kurata (JAEA) 

 

April 28, 2014 

OECD/NEA expert meeting, Paris 



Various ATF-concepts in Japan 

Spring 

Spacer 

Channel box 

Tie plate 

~4.5ｍ 

Fuel pin 

Fuel pin 

Control rod 

Nozzle 

Grid 

Fuel pin 

Nozzle 

Fuel pin 

~4.2ｍ 

PWR fuel assembly BWR fuel assembly 

SiC 
Fuel cladding (PWR, BWR), Channel box (BWR) 

TRISO 
Advanced fuel well compatible with SiC clad. 

Advanced 
Control Rod 

Control rod (PWR), Control rod blade (BWR) 

Austenite 
ODS-Ferrite 

Fuel cladding (PWR, BWR) 

Other Resources 
Test facility, Database, Modeling, Quantification 

2 



SiC 

SiC fabrication processing 
(Toshiba/IBIDEN/etc.) 

Characterization of SiC composite 
(Toshiba/Kyoto/etc.) 

TRISO R&D on TRISO utilization in BWR 
(NFI/JAEA) 

Individual R&D on SiC utilization in LWR 
(MNF/Hitachi-GE/etc.) 

S.S. 

Advanced ODS R&D 
(Hokkaido/Kyoto/JAEA/NFD) 

Advanced austenite R&D 
(interrupted by earthquake, IAE/MHI/etc.) 

ATCR 
R&D on ATCR or other CR-concept 

(CRIEPI/Toshiba) 

Modeling, test facilities, database 
for fuel degradation  

(JAEA/NSSMC/CRIEPI/etc.) 

ATF Feasibility Study 
“Common fundamental R&D” 

“Collaboration in CNWG” 
discussed 

Practical 
Utilization  

for 
Selected 
Concepts  

 
(by initiative 
of industry) 

Modeling, test facilities, database 
Application to ATF  
(phase II, planned) 

JFY 
2012 2013 2014 2015 2016 2017 2018~ ATF-concepts 

Test Facilities 
Modeling, Database 

3 

R&D programs on ATF in Japan (2012~) 

Feasibility study on SiC NITE-SiC/SiC 
(Muroran/etc.) 

Innovative fabrication NITE-SiC/SiC  
(Muroran/Osaka/Tohoku/etc.) 

Various 
Fundamental 

Studies 
(METI/MEXT) 

METI project MEXT project Other R&D 



ATF feasibility project (plan-1) 

 Preliminary evaluation on quantifiable improvements in reactor 

coping time by introducing each ATF-concept 

           - Technology Readiness Level (TRL) evaluation 

           - ATF metrics quantification 

           - Core accident modeling/ Fuel degradation modeling 

               (by collaborating institute/university/industry)  

 

 

 

2. SA analysis code modification 
Candidate SA code:  MAAP, SAMPSON etc. 

1. Analytic model & DB construction 
   of ATF element technology 
  (SiC, ODS, TRISO etc.) 

Oxidation, high temperature strength etc. 

3. Quantitative analysis and evaluation of 
safety improvement 

Ex) risk reduction of hydrogen explosion 

Core accident modeling 

4 



ATF feasibility project (plan-2) 

 Feasibility study on accident tolerant fuel and core component for 

utilization in LWR 

          - SiC, ODS-ferrite, TRISO, ATCR, and etc. 

 

 Common or synergetic fundamental R&D for: 

          - Material development 

          - Fuel performance modeling 

          - Databasing, especially under irradiation condition 

          - Material testing of candidates under normal or off-normal  

            conditions 

 

 Preliminary screening of individual ATF-concepts 

 Identification of key-technology for practical utilization in LWR 
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ATF feasibility project (plan-3) 

 Identification of test method, test facility, and other resources 

 Preliminary evaluation of each ATF-concept using listed resources 

 

 Development of test facilities, for example, for high temperature 

steam test 

 

 Three test facilities already under being developed in other MET-

project for “Advanced modeling and databasing of fuel degradation” 

        - Fuel rod/control rod degradation test facility 

           (max. temp.: ~2800K, steam atm., temp. increase: >8K/s, etc.) 

        - Control blade degradation test facility 

           (max. temp. gradient: 1800~1300K, test piece: ~1.2m length, etc.) 

        - Degraded fuel stratification test facility 

           (max. temp.: ~2800K, reductive or oxidized atm.) 
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Ex) Control blade degradation test facility 

7 

Prototype test facility 
(for Ar atmosphere) 

Cross section of sim-blade 

Cross section of BWR  
fuel assembly Visual inspection of degradation 

Liquefied S.S./B4C  

~1610K 

(center) 

Reaction with Zry 

⇒ Test facility for steam condition being designed and manufactured in 2015. 

⇒ Stm test using Zry cladding is performed in 2014. 

~1643K 

(center) 



Summary 

 Fundamental study for ATF-elemental technology had been 

continued mainly by initiative of universities in Japan before 

Fukushima accident. 

 

 In 2012, several projects (METI/MEXT) were launched for various 

ATF-concepts. Also, industries in Japan started their own R&Ds for 

utilization in their BWR/PWR. 

 

 Feasibility study for common and synergetic R&D planed in 2014, in 

which collaboration among institutes, universities and industries 

discussed.  

 

 Industries consider projects for practical utilization of individual ATF-

concepts (launched after common feasibility study). 

 

 Several test facilities, models, databases being developed. 
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Update on Development of Enhanced 
Accident Tolerant Fuel for Light 
Water Reactors in the United States 
 
Shannon Bragg-Sitton, Ph.D. 
Idaho National Laboratory, United States 
U.S. DOE Advanced Fuels Campaign 
 
April 28, 2014 
 
OECD / NEA, Start-up Meeting of the Expert Group on Accident Tolerant 
Fuels for Light Water Reactors (LWRs) 



Presentation Overview 

n  Status of Evaluation Metrics 

n  U.S. DOE Program Snapshot 
–  Overview of research teams 
–  Recent publications 

 
n  Experimental Infrastructure 

–  Out-of-pile testing: Behavior under accident conditions 
–  Irradiation testing: HFIR rabbit, ATR capsules, ATR loop 

n  Key Updates and Accomplishments 

2 



New ATF Designs Must Meet the 
LWR Operations, Safety and Fuel 
Cycle Constraints 

ATF will be evaluated over 
all potential “performance 
regimes” 
n  Fabrication / 

Manufacturability (to include 
Licensibility) 

n  Normal operations and 
anticipated operational 
occurrences (AOOs) 

n  Postulated accidents 
(Design Basis) 

n  Severe accidents (Beyond 
Design Basis) 

n  Used fuel storage / 
transport / disposition  
(to include potential for 
future reprocessing) 

 

See: U.S. DOE LWR ATF 
Performance Metrics Report, 
February 2014 
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Advanced 
Fuel Design, 
Operations 
and Safety 
Envelope 

Backward 
Compatible  

(qualified in 
existing reactor; 
operable with co-

resident fuel) 

Operations 

Safety  
(spectrum of 
DBAs and 

possible BDBAs) 
Fuel Cycle 

Economics 



New ATF Designs Must Meet the 
LWR Operations, Safety and Fuel 
Cycle Constraints 

ATF will be evaluated over 
all potential “performance 
regimes” 
n  Fabrication / 

Manufacturability (to include 
Licensibility) 

n  Normal operations and 
anticipated operational 
occurrences (AOOs) 

n  Postulated accidents 
(Design Basis) 

n  Severe accidents (Beyond 
Design Basis) 

n  Used fuel storage / 
transport / disposition  
(to include potential for 
future reprocessing) 

 

See: U.S. DOE LWR ATF 
Performance Metrics Report, 
February 2014 

4 



2012 

Feasibility studies on advanced fuel 
and clad concepts 
-- bench-scale fabrication 
- - irradiation tests 
- - steam reactions 
- - mechanical properties 
- - furnace tests 
- - modeling 

Workshops  

2013 2014 2015 2016 2017 2018 2019 2020 2021 

Assessment of new concepts 
- - impact on economics 
- - impact on fuel cycle 
- - impact on operations 
- - impact on safety envelope 
- - environmental impact 

Fuel Downselection 

Steady State Tests 

Transient Irradiation Tests  

LOCA/Furnace Tests 

Fuel Performance Code 

Fuel Safety Basis 

LTA/LTR Ready 

Phase 1 
Feasibility 

Phase 2 
Development/Qualification 

Phase 3 
Commercialization 

2022 

U.S. RD&D Strategy For Enhanced 
Accident Tolerant Fuels – 10 Year Goal 



2012 2013 2014 2015 2016 

Roadmap 

National workshop on attributes and metrics 

International workshop on attributes and metrics 
Selection of candidates for feasibility assessment 

Sample Fabrication and Characterization 

Oxidation Testing 

High-temperature Furnace Testing 

Irradiation Testing of Samples 

Cladding Mechanical Properties Testing 

Performance Code Upgrades Based on ATF Properties 

Reactor Core, Safety, Fuel Cycle, and Economic Analyses 

Technology down-
selection for development / 

eventual qualification CD-1 for Transient Testing 

Data Reduction Yearly reviews and reorientation 

U.S. Near-term ATF Activities Aimed at 
Completing the Feasibility Assessment 



The U.S. Accident Tolerant Fuel 
development is supported by a large 
part of the U.S. nuclear complex 

National Laboratories Universities Nuclear Industry 



Summary of Major U.S. DOE 
Funded ATF Projects 

Lead Organization Category – Major Technology Area Additional Team Members 

Oak Ridge National 
Laboratory 

Fuel: Fully Ceramic Microencapsulated 
         (FCM)-UO2, UN 
FeCrAl cladding, SiC cladding 

Los Alamos Nat. Lab. 

EPRI + LANL 

Fuel: Enhanced UO2, Composite Fuels 

Cladding: Molybdenum 

AREVA 
(FOA, NEUP) 

High conductivity fuel (UO2+Cr2O3, +SiC) 
 
Cladding: Protective materials, MAX phase 

U. Wisconsin, U. Florida, SRNL,TVA, 
Duke 
**Includes work with AREVA France 

Westinghouse 
(FOA, NEUP) 

Fuel: U3Si2, and UN+U3Si2 fuel 

Cladding: Coated Zr and SiC 

General Atomics, MIT, EWI,  
INL, LANL,TAMU, Southern Nuclear 
Operating Company 
**Includes work with WEC Sweden 

GE Global Research 
(FOA) 

Advanced Steel (Ferritic / Martensitic) 
Cladding 

Global Nuclear Fuels, LANL,  
U. Michigan	  

University of Illinois  
(IRP) 

Modified Zr-based Cladding (coating or 
modification of bulk cladding composition)	  

U. Michigan, U. Florida, INL,  
U. Manchester, ATI Wah Chang 
**UK contributions 

University of Tennessee  
(IRP) 

Ceramic Coatings for Cladding 
(MAX phase and multilayer ceramic 
coatings)	  

Penn State, U. Michigan, UC Boulder, LANL, 
Westinghouse, Oxford, U. Manchester,  
U. Sheffield, U. Huddersfield, ANSTO 
**UK and Australia contributions 

Georgia Institute  
of Technology 
(IRP, accident tolerant 
    reactor design)	  

Fuel: U3Si2  
Cladding: FeCrAl 
Details TBD for fuel component – likely to adopt 
fuel developed under an above program 

U. Michigan, Virginia Tech, U. Tennessee,  
U. Idaho, Morehouse College, INL, 
Westinghouse Electric, Southern Nuclear, 
Polytechnic U. Milan, U. Cambridge	  

Initial irradiation of all 
concepts at Idaho 
National Laboratory 



Recent Publications on ATF 
Projects 

Summary of U.S. ATF 
research provided in the 
March 2014 edition of 
Nuclear News, the monthly 
publication from the 
American Nuclear Society. 

Journal of Nuclear Materials 
Special issue on accident 
tolerant fuels now available. 



EXPERIMENTAL 
INFRASTRUCTURE 
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- pressure to 30 bar standard
LOCA

high T
~1700°CRubotherm

TGA

“Keiser rig”
high P/T ~1500°C

in- & ex-cell units

Out-of-Pile Testing:  
Severe Accident Test Station at ORNL 

n  National facility for testing new cladding concepts 
–  Multiple “modules” 
–  Steam to 1700oC, typically 1-10 cm/s 
–  Pressure to 30 bar 



Integral LOCA Test Module 

Includes: 
  Quartz lamp furnace 
  1200°C steam 
  - shared generator 
  Quartz tube 
  305mm long tube 
   - internal pressure 
  Water quench 
  5°/sec heating 
  Burst test 
   
   
   



TThhee  OORRNNLL  HHiigghh  FFlluuxx  IIssoottooppee  
RReeaaccttoorr,,  PPrreelliimmiinnaarryy  IIrrrraaddiiaattiioonn  
TTeessttiinngg  

n  Pressurized, light-water-cooled and –
moderated, flux-trap-type reactor 

n  HEU fuel — U3O8 dispersed in aluminum 
n  Two annular fuel elements 
n  Center cylindrical flux trap, 12.70 cm diameter 
n  Nominally 7 cycles/year, with a 23 day cycle 

length 
n  Hydraulic rabbit testing for small material 

samples – preparing SiC joints for irradiation 

Flux Trap Rabbits for High-Dose 
Materials Irradiations  

Rabbit capsules  
0.43” OD  
2.6” long  
 



ATF Irradiation Testing and Qualification 
Test Series 
ATR: Advanced Test Reactor @ INL 

14 

Test Series ATF-1 ATF-2 ATF-3 CM-ATF-x ATF-4 

Test Reactor ATR ATR TREAT Commercial 
Power Plant TREAT 

Test Type Drop-in Loop Loop LTR/LTA Loop 

Test Strategy 

Scoping — Scoping — Focused 
Compositions 

Focused 
Composition 

Focused 
Compositions Many Compositions Focused Compositions 

Nominal 
conditions 

Nominal 
conditions 

Accident 
conditions 

Nominal 
conditions 

Accident 
conditions 

Fuel UO2, U3Si2, 
UN 

Down-selected 
concepts 

Fuel rodlets 
from ATF-1 
and test rods 
from ATF-2 
irradiations 

Concepts 
selected in 

2016 

Test rods from 
LTR/LTA 

irradiations Cladding 

Zr w/coatings, 
stainless steels, 

advanced 
alloys, SiC 

Key Features Fuel-cladding 
interactions 

Fuel-cladding-
coolant 

interactions 
Integral testing Steady State 

Irradiation Integral testing 

Timeframe FY14 — 
FY18+ FY16 — FY22 FY18 — FY25 FY2022 - ? FY26 — ? 



ATF-1 Irradiation Test Series  
(begin mid-2014) 

n Objective: 
Assess the performance of proposed Accident Tolerant Fuel 
concepts under normal operating conditions common to 
existing LWRs. 
–  ATF-1 test series is appropriate for testing irradiation behavior of new 

fuels and their interaction with cladding 
–  Test rodlets are isolated from ATR primary coolant, so ATF-1 test series 

is not appropriate for testing interaction of cladding (or coatings) with 
coolant 

–  All post-irradiation  
examination work for  
ATF-1 planned to be  
conducted at INL –  
preliminary plan  
currently being  
discussed 



KEY UPDATES AND 
ACCOMPLISHMENTS 

16 



2013 Major Accomplishments 

n  Conducted Domestic and International 
Metrics workshops 

n  Industry teams are well underway 
n  Oxidation and Steam testing 

capabilities have been built and 
deployed across the laboratories 

n  FeCrAl, Mo, SiC cladding development 
and testing 

n  High density ceramic fuel fabrication 
n  Planning and Design of ATF-1 

irradiation experiment @ INL Advanced 
Test Reactor (ATR) 

17 

FCM Fuel 

U3Si2 



Preparation for Enriched Ceramic Fuel 
Fabrication for ATF Testing in ATR 
(LANL) 

n  Prepared for fabrication of Accident Tolerant Fuel test articles for ATR insertion 
n  Enriched ceramic fuel fabrication line authorized for production 

–  Custom enrichment 
–  Custom dimensions 

Glovebox with pressing and sintering capabilities 

Centerless grinding to 
final dimensions 

Reactor (in hood) and humidifier 
(front) for UO2 synthesis by IDR route 

n  UO2 feedstock synthesis from UF6 by integrated dry 
route process in development 

–  Potential for high uranium density non-oxide ceramic fuel 



19 



20 

•  Critical testing parameter for most concepts is 
peak internal clad temperature (PICT) 

•  Nominal LHGR and gas gap TBD to achieve 
PICT 

Fabrication line to support 
the fabrication and assembly 
of ATF-1 experiments at INL 



FeCrAl Development Progress 

n  Engineering grade materials being produced with excellent properties 
n  Alloy heats now fabricated by a commercial vendor 
n  Thin tube fabrication pursued by 3 labs with  

good results (LANL, ORNL, GE) 
n  Welding of FeCrAl demonstrated by multiple  

methods; results submitted for publication 
n  Effect of irradiation at LWR-relevant  

conditions on embrittlement being  
evaluated; initial results encouraging 

n  Design of in-reactor creep capsule  
underway 

n  System built, demonstrated to measure H2  
permeation 

n  Steam attack being evaluated 
n  Testing of thin-walled tube underway for  

technique validation 
21 

ORNL 



Selected FeCrAl Development Work 

22 

Neutron irradiation to 3 dpa 

Creep Capsule Design 

Neutron Irradiation Capsule 
and Specimen 



Development of ATF FeCrAl Alloys 
Engineering alloys have been fabricated at ORNL 
specifically for ATF application. 

Fe17Y2 

ATF Phase I Alloy ATF Phase 2 Alloy 

1-2 micron grain 

Alloy Tested  at YS, MPa UTS, MPa Uniform EL, % 

ORNL FeCrAl (Phase I) 
>30-50 micron grain 

RT 389 ± 38 483 ± 33 15 ± 3 
300°C 262 ± 8 399 ± 29 12 ± 2 

ORNL FeCrAl (Phase II) 
~1 micron grain 

RT 629 811 12 

APMT 
(Fw-22Cr-5Al base) 

RT 576 608 0.7 
300°C 379 680 20 

Min. requirements for 
Zircaloy 2 or 4 

RT 240 415 14 
316°C 105 215 24 



Updates on Molybdenum Cladding 
Development 

n  Initial research shows promise  
for production of Mo tubing by  
Fluidized Bed-CVD Process being  
optimized for production with  
MoCl5 precursor  

n  Analysis shows that very fine  
grained and high purity material  
is produced 

n  Mo material loss governed by MoO3 
volatilization in air is greatly reduced under 
steam and steam plus hydrogen conditions 

–  Same mechanism as for exposure to air, but 
slower kinetics 

n  Test results suggest strong thermochemical 
gradients may develop as a function of 
steam velocity and, potentially, test 
geometry  

n  Work is ongoing to quantify hydrogen 
production as a function of oxidation  •  Measurements in water vapor reveal significantly 

degraded kinetics 
•  10,000 ppm H2 slows volatilization rate even more 

Temp (oC) 



Summary of Recent SiC Test Results 

Steam Reactions: 
n  SiC oxidation and recession due to steam oxidation is dependent on 

steam pressure and flow conditions, yet the overall magnitude is 
exceptionally low. 

n  SiC materials (CVD/CVI composite) exhibit slow kinetics of reaction 
with high-temperature steam; at least 2-3 orders of magnitude 
slower parabolic oxidation rate when compared to Zr alloys. 

n  The oxidation kinetics remain exceptionally low up to ~1700ºC (< 1 
mg/cm2-h).  

n  The presence of a small extent of microcracks in SiC/SiC composite 
does not appear to significantly alter steam oxidation kinetics under 
atmospheric pressures and in an unstressed state.  

 

Water Reactions: 
n  Likely limited by SiO2 formation kinetics  
n  Inside the core, rapid flow is guaranteed to deplete any bulk Si(OH)4  
n  Silica will deposit in the colder parts of the loop (T-dep dissolution) 
n  Oxygen activity affects recession rate 
n  Irradiation induced defects and stresses greatly affect material 

corrosion rate  

Measurement of Steam 
Volatilization Rate 

Reference: K. Terrani, ORNL, Mar 2014 AFC Integration Meeting 



SiC Channel Box Development 
(EPRI) 

26 

•  SiC CMC shows excellent high temperature 
performance 

•  Irradiation of SiC CMC samples at BWR 
conditions in MIT Reactor:  
Creep and corrosion samples 
•  No measurable coupon creep 
•  Notable edge and surface degradation 

– detailed examination ongoing 



Update on U.S. DOE-Supported 
Industry Teams – All will supply 
samples for ATF-1 irradiation 

AREVA 
n  Coated Zr-alloy cladding 

for improved accident 
performance 

n  Increased fuel pellet 
conductivity: Fuel with 
reduced stored energy that 
must be accommodated 
during DBE 

n  Additives achieved: 
–  SiC powder or whiskers 
–  Diamond 
–  Chromia  

dopant 
n Initial LOCA 
testing of  
coatings 
(1100 oC, 4 min) 

GE 
n  Advanced ferritic/

martensitic steel alloys 
(e.g., Fe-Cr-Al) for fuel 
cladding to improve 
behavior under severe 
accident scenarios 

n  Objectives/Ongoing Tasks: 
–  Characterize candidate steels 
–  Study tube fabrication 

methods, neutronics, fuel 
economy, thermo-hydraulic 
calculations, regulatory 
approval path 

–  Initiate ATR testing with UO2 
and two cladding materials 
(APMT and Alloy 33) 

27 

Westinghouse 
n  Cladding concepts:  

SiC and SiC ceramic  
matrix composites;  
coated Zr alloys  

n  High density / high 
thermal conductivity  
fuel pellets (e.g., uranium 
nitride/silicides) 

n  First batch of U3Si2 pellets 
were sintered using finely 
ground powder 

n  Pellets were pressed using 
pressures of 6,000-10,000 psi 
and sintered at temperatures  
of 1400°C 

Ti2AlC Coating 
Good morphology 



University-Led ATF Development 
Updates 

University of Tennessee 
n  Ceramic coatings for cladding: MAX phase 

and multi-layer ceramics 
n  Autoclave testing (300-360oC, saturation P, 

ASTM G2) 
n  High temperature steam testing (1500 psi; 

400, 415, 427, 500oC) 
n  TiAlN appears to adhere well to ZIRLO but 

reacted with steam; thin layer of TiN may 
serve as a barrier 

n  Developing functionally graded interlayer 
between ZIRLO and TiAlN 

n  Developing MAX Phase sputtering 

University of Illinois 
n  Engineered Zr alloy cladding 

(i) application of a coating layer or  
(ii) modification of the bulk cladding composition 
to promote precipitation of minor phase(s) during 
fabrication 

n  FeCrAl coating deposition via magnetron 
sputtering; tested at T under steam, pre- and 
post-steam exposure analysis under way 

n  Proton irradiation at 360oC to 2.2 dpa 
n  Supporting computational work ongoing 

n  Neutronics (various coatings) 
n  Fuel performance – neutronics – TH code coupling 
n  Diffusion in Zr 
n  Deformation of Zr 

28 

Autoclave Tree 

n  Ion-beam mixing for sub-
surface modification of 
ZIRLO – implanting into 
material vs. coating it 



THANK YOU 
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Andrew Sowder 
Senior Technical Leader, Fuels & Chemistry 

 

OECD/NEA Start-Up Meeting Of The Expert Group On Accident Tolerant 
Fuels for Light Water Reactors 

 
28 April 2014 

EPRI Update Since the 2nd OECD/NEA 

Meeting on ATF (28-29 October 2013) 
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EPRI Supporting Two ATF-Related Activities 

• EPRI Breakthrough Fuel Technology Program focusing on 

two accident tolerant fuel applications (pre-Fukushima 

initiation): 

– Coated Mo-alloy cladding 

– SiC composite for BWR fuel channels 

– EPRI/INL/DOE Joint Workshops 

• Promoting international collaboration to accelerate path 

from early R&D to commercialization of enhanced accident 

tolerant fuel technologies (post-Fukushima initiation) 
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EPRI Breakthrough Fuel Technology 

Program Update 

Coated Mo-alloy Cladding Technology 
(Lead: Bo Cheng) 

Application of SiC Composites for BWR Fuel Channels 

(Lead: Ken Yueh)  
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EPRI Breakthrough Fuel Technology Program 

• EPRI initiated ATF R&D program to 
supplement DOE FCRD program 

• Breakthrough fuel program focused on 
two technologies: 

– Mo-alloy cladding 

– SiC composite BWR channels 

• Funding sources: 

– EPRI Fuel Reliability Program (FRP) 

– EPRI Technology Innovation (TI) 
Program 

– DOE NEET funding 

– DOE FCRD funded collaboration at 
national laboratories 

Fabricated Thin-

Walled Mo Tubes 

SiC Composite Channel 
10 cm box, 1.5 mm wall 

CVD Process 
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EPRI Coated Mo-alloy Cladding Designs 

 All metal cladding 

• Mo-alloy as core material  

• Coated on outer surface with 

 Zr-alloy 

 Al, Cr-containing stainless steel 

 Optional inner coating: Zr or others  

 Advantage 

• High strength of Mo-alloys to 1500oC 

• High steam oxidation resistance 

 In-situ formation of stable ZrO2 or Al2O3 in high 
temperature steam at >1000oC 

• Under normal operations, expected to have high corrosion 
resistance of Zr-alloy or (Cr, Al)-containing stainless steel 
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Feasibility Study of Coated Mo-alloy Cladding 

• Fabricability of 8-10 mil (0.2-0.25 mm) thin-wall tubes 

• Reliable coating of Zr-alloy or (FeCrAl) on Mo tubes 

• Verify basic properties 

– Corrosion resistance in LWR coolant 

– Oxidation resistance 

– Welding 

– Burst/creep properties 

– Coating chemical stability 

– Irradiation properties 

• Advanced Mo-alloy: better ductility, corrosion/oxidation 

resistance 

• Manufacturing optimization – mechanically formed tubes 
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Fabrication of Thin-Wall Mo-alloy Cladding – 

feasible  

• Pure LCAC Mo and Mo+La2O3 (ML) ODS selected 

−Ductile at room temperature (DBTT < room temperature) 

−Have residual ductility after irradiation  

• Tubes fabricated: 8 mil (0.2 mm) thick and 6 ft long  

−Generation 1 tubes (no microstructure control) 

• For coating, corrosion/oxidation testing, and welding 

−Generation 2 tubes (stress relief annealed) 

• 3 batches fabricated 

• UTS ~65 mpa (95 ksi), elongation 6-11% at 300oC 

• For ATR irradiation 

−Generation 3 tube (fine equi-axed grain structure)  

• Under development 
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Coating on Mo-alloy Tubes - feasible 

 Coatings successfully formed on 

Mo tubes and sheets 

− Physical vapor deposition (PVD) 

− High velocity air fuel (HVAF) spray 

− Vacuum plasma spray (VPS) 

 Process parameters optimized 

− Good bonding 

− Good coating density 

− Good interface structure 

 Length of coated samples 

− 8-10” tubes  

− 36” length possible now 

 

 

HVAF PVD 

FeCrAl alloy on Mo 

HVAF PVD 

Zircaloy-2 on Mo 



9 © 2014 Electric Power Research Institute, Inc. All rights reserved. 

Oxidation in 1000oC Steam (6, 8 hrs. 1, 3 days) 
- Steam Flow Rate 2.5 cc/min 

Specimen

Mo tube (8 mil)

Zry-2 tube (26 mil)

Al containing steel (FeCrAl) (16 mil)

FrCrAl coated on Mo sheet (40 mil)

FeCrAl (2 mil) coated on Mo tube

FeCrAl coated on Mo tube - polished

Zry-2 (1.5 mil) coated on Mo tube

1 Day Test  

Zircaloy-2 (45 µm) on Mo 
1 day 3 days 

Zry-2 

Mo Mo Mo 

ZrO2 ZrO2 

PVD Coated 

FeCrAl (50 µm) on Mo 

HVAF Coated 

FeCrAl 

FeCrAl 

Mo 
Mo 

Al2O3 

1 day 

Rates consistent with LANL data; much less than historic data 

Tube Reaction Rate Comments

Zry-2 7.5 mil/hr (180 mil/day)

Mo (LCAL, ML) 1 mil or 25 µm/day Uniform surface recess

Zry-2 Coated Mo Mo Stable ZrO2 stable to 3 days

FeCrAl Coated Mo Mo Stable Al2O3  1-2 µm, delamination
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Corrosion in Simulated Autoclave Tests 

- Bare and Coated Mo and Mo-10%Nb 

Coated Samples after Autoclave Test (1 mo) 

Zr-2 coating Al-containing steel  

BWR  PWR BWR  PWR 

Mo/ML Mo-10Nb Zr-coated FeCrAlcoated

PWR - 350 oC* 8 5 very low very low

BWR-HWC - 288oC** 12 0.8 very low very low

BWR-NWC - 288oC*** 40 36 very low very low

    * 3 ppm H2;  ** 0.3 ppm H2;  ***1 ppm O2

Recess/corrosion rate, µm/mo (Prliminary Data)

Coated Mo corrosion rates are low as expected;                           

room for improvement of corrosion resistance of bare Mo 
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Other Highlights 

• Welding technique under 

development; final configuration: 

– Mo-tube to endcap welded 

– Coating formed on tube and endcaps 

– 40 coated tubes under preparation 

• Tube burst and creep test setup is 

in progress 
Ceramic 

insert 

Plug 

Tube 



12 © 2014 Electric Power Research Institute, Inc. All rights reserved. 

Collaborative Development of ATF Cladding  

• Working closely 
with DOE 
FCRD program 
(INL, LANL, 
ORNL) 

• Collaborating 
with AREVA 

• Seeking 
expanded 
collaboration 
with DOE, fuel 
vendors, and 
int’l R&D 
organizations 

Good progress In preparation Initiated 

Tasks 2013 21014 2015 2016

Fabrication of 8 mil Mo-alloy Tubes

  - Mo and Mo + La2O3

  - New Mo alloys

Coating on Mo Tubes

  - PVD, HVAF processes

  - Hybrid co-reduction

Feasibility Tests

  - Corrosion in simulated LWR Water

  - Oxidation in 1000
o
C Steam

  - Oxidation in 1200-1700
o
C Steam 

  - Welding

  - Tube Burst and Creep Test

  - Coating chemical stability

Irradiation & Propety Testing

  - ATR

  - Halden

  - BOR-60

Analysis

  - Neutronic on core design/economics

  - Effect on plant degradation in accident

  - Thermal-mechanical design

Developing 
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EPRI SiC Composite BWR Channel Program 

• SiC fiber reinforced SiC matrix composite fabricated for 

impact testing (4”x4”x24”, 0.05-0.06” wall) 

 

 

 

 
 

– Hi-Nicalon Type-S fiber 

– Chemical vapor deposition process 
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EPRI SiC Composite BWR Channel Program: 

Scope 

• Initial design screening (complete) 

– Fragmentation resistance and Irradiation induced swelling issues resolved 

– Eliminated polymer infiltration pyrolysis (PIP) process 

• Material property characterization and issue resolution 

– Generate data to support the insertion of a commercial lead channel 

– Resolve remaining issues 

• 1/3 Scale integral sample demonstration in Oak Ridge 

National Laboratory HFIR reactor 

• Post irradiation mechanical testing 

• Data evaluation and commercial demonstration decision 
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EPRI SiC Composite BWR Channel Program: 

Summary 

• Evaluations conducted thus far suggest SiC composite 

could meet BWR Channel mechanical requirements 

– Excellent high temperature performance 

• Material recession in BWR water chemistry identified 

– Oxygen potential suspected (needs verification) 

– Strategies to protect SiC in BWR environment are being explored 

• SiC property data generation is continuing but material 

recession issue will cause a delay in overall program 

– Resumption of MIT testing expected in 6 months 
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EPRI/INL/DOE Joint Workshop on 

Accident Tolerant Fuel 

27 – 28 February 2014 (San Antonio, TX) 
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EPRI/INL/DOE Joint Workshop on ATF 

• EPRI and INL have organized and hosted joint workshops 

on ATF R&D since 2012 

• Third EPRI/INL/DOE workshop held on 27-28 February 

2014 in San Antonio, TX 

• Broad international, multi-sector participation, including 

USDOE/national labs, international utilities, vendors, and 

R&D institutions 
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2014 EPRI/INL/DOE Joint Workshop on ATF: 

Workshop Topics 

• Industry Perspectives on ATF 

– Utility perspectives (Exelon, TVA) 

– Lessons from BWR barrier fuel 
development (GE, ret.) 

• Modeling and Simulation 
Applications 

– MELCOR (INL) 

– MAAP (TEPCO, EPRI) 

• USDOE ATF Program (DOE, INL) 

– Advanced stainless steel cladding 
(GNF) 

– Coated cladding and modified fuel 
(AREVA) 

– SiC and coated cladding, UN fuel 
(Westinghouse) 

– Molybdenum alloys for cladding 
(LANL) 

 

 

• Halden Testing Capabilitie for 
ATF (Halden Project) 

• SiC Composite Technology 

– BWR fuel channel application 
(EPRI) 

– Historical overview and context 
for SiC composite development 
(ORNL) 

– SiC composite testing (ORNL) 

• Control Materials for ATF 
Applications (CRIEPI) 

• International Developments in 
ATF (INL for NEA Secretariat) 
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2014 EPRI/INL/DOE Joint Workshop on ATF: 

Perspectives from Participants 

• Utilities 

– Safety must always be the highest priority 

– New technologies must have minimal additional cost and operational 
impact while achieving maximum and verifiable benefits 

– Impact of ATF on plant life extension also warrants consideration 

– ATF should be applicable to next generation nuclear plants 

• Vendors 

– Ability to manufacture and qualify and return on investment (ROI ) 

• Government: Funding and focus often constrained by non-technical 
factors; need for industry initiative and participation 

• EPRI  

– Exploring viable technologies to meet ATF targets  

– Will coordinate technical collaborations with all parties 

• All: Broader collaboration needed to succeed – long R&D 
timeframes 
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Lessons from Barrier Fuel Development 

(S. Armijo, ACRS/GE Ret.) 

• Paramount: define problem being solved 

• Strong organizational commitment, clear 
responsibilities, and stable leadership  is 
essential 

• R&D spanned ~15 years through Quad Cities 
irradiation 

• Portfolio R&D approach helps to avoid dead ends 

• Expect surprises 

• Early introduction of concepts (as segmented 
rods) into power reactors is important 

• Test  aggressively (numbers and severity) 

– statistics are not favorable 

– mild testing risks missing low frequency problems 
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Reactor Facilities for Barrier Fuel Development 

(S. Armijo, ACRS/GE Ret.) 

GETR 

Quad Cities 1 & 2 

Halden 

NSRR PBF 

EBR II 

R2 

http://en.wikipedia.org/wiki/File:EBRII_1.jpg
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Other Workshop Highlights 

• Real but incremental progress on ATF R&D 

• Definition of the “ATF” problem remains incomplete 
– reduce or eliminate hydrogen generation 

– maintain coolable core geometry 

– maintain or improve performance 

• Decline in global infrastructure for characterization and testing 

• Modeling and simulation capabilities should be exploited 

• Value of lessons from nuclear fuel R&D and other applications 

• Pursuing multiple paths essential to success 
– parallel technology options (surprises happen) 

– non-fuel components (low hanging fruit) 

• Strong organizational commitment, clear responsibilities, and 
stable leadership are pre-requisites 



23 © 2014 Electric Power Research Institute, Inc. All rights reserved. 

International Collaboration for ATF R&D 
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EPRI Consultations in 2013 with International 

ATF Stakeholders 

• EPRI 30 October 2013 Coordination Meeting (Paris) 

– Follow up discussion after OECD/NEA ATF meeting to help EPRI 

assess gaps and needs in international ATF RD&D 

– NEA provided a brief summary of 28 – 29 October meeting 

– IAEA provided brief overview of 2014 cooperative research program 

• General consensus on value and need for sharing of work 

plans and results (as appropriate) to avoid unnecessary 

overlap 

• General recognition of EPRI’s value and role in providing 

interface with utilities and vendors 
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EPRI Consultations in 2013 with International 

ATF Stakeholders: Themes 

• Fundamental studies of properties are needed – data is 

lacking 

• Modeling and simulation can improve/optimize testing 

design and down selection efforts 

• Strong utility and vendor community pull needed for 

successful deployment of ATF technologies 

• EPRI strengths include coordination of material 

characterization and fuel testing programs that are: 

– industry driven 

– international in scope 

– sustainable over decades 
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Closing: EPRI Perspective on International 

Collaboration: NEA Expert Group on ATF 

• Coordination among international stakeholders under NEA 

auspices represents an opportunity for: 

– Sharing status of R&D plans and technology maturity 

– Establishing common understanding of metrics and criteria 

– Identifying barriers and gaps in knowledge and R&D activities 

– Sharing of basic material property data 

– Modeling and simulation exercises and benchmarking of codes 

• EPRI supports OECD/NEA activities in ATF and has 

committed to partial funding of Expert Group startup 

administrative costs 
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Closing: EPRI Perspective on International 

Collaboration (cont’d) 

• Later stages of R&D will likely benefit from (require?) 

greater coordination of limited resources, especially 

facilities for characterization and testing of new materials 

and pre-commercial ATF concepts 

• EPRI is considering development of an ATF R&D program 

focused on in-core behavior of new materials, designs, and 

concepts for fuel, control materials, and other core 

components 
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Together…Shaping the Future of Electricity 
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Accident Tolerant Fuel (ATF) Development: 

KAERI’s R&D Status 
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NEA Headquarters, Paris, 28-29 April, 2014 
   

구양현(Koo Yang-Hyun), 양재호(Yang Jae-Ho), 김현길(Kim Hyun-Gil) 
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Hydrogen Explosion 

• Huge amount of hydrogen is formed: Zr+2H2O → ZrO2+2H2  

• H2 explodes when its fraction in the steam is higher than ~10% 

• Hydrogen explosion: Important in terms of radioactivity release 

2 
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KAERI’s Approach to ATF Cladding 

Major Points Considered 

•  Oxidation resistance 

•  Thermal conductivity 

•  Thermal expansion coefficient 

•  Phase stability up to high temp. 

•  Adhesion to the matrix  

•  Neutron economy 

•  Irradiation susceptibility  

•  Tube fabricability   

• To reduce H2 production during accident conditions than current Zr cladding  

• KAERI’s approach: 1) Surface modification, 2) Metal-ceramic hybrid 

3 

• Material properties, neutron economy, fabricability, irradiation susceptibility 
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1-1. Zr Surface Modification by Coating 

• Surface coating of Zr cladding with Cr powder to enhance corrosion resistance  

  at high temperature  

4 

• Cr coating: Oxide thickness (H2 generation) is reduced by 1/30 of that in Zry-4  

   at 1200oC/2000 sec 
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1-1. Zr Surface Modification by Coating 

• Adhesion of coating is important to prevent the damage of coated layer  

  during normal/accident conditions 

• Ring test shows good adhesion of Cr coated layer  

   - Cracks were initiated only when strain was higher than 3% 
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1-2. Zr Surface Modification by ODS Alloying 

• ODS alloying to increase mechanical strength: Enhanced deformation 

   resistance → Reduced  ballooning & rupture during accident 

• Y2O3 particles alloying: Mechanical strength is increased 2 times at 500oC 
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1-2. Zr Surface Modification by ODS Alloying 

• Y2O3 particles alloying on cladding tube: Test samples are made using laser  

  beam scanning. Y2O3 particles are uniformly dispersed in cladding surface 

• The thickness of Y2O3 dispersed layer and the density of Y2O3 particles:  

  easily controlled by the conditions for laser beam scanning 
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2. Metal-Ceramic Hybrid Cladding 

• Combination of advantages of both metal and ceramic 
    - Inner layer: Zr liner for ductility and fission gas retention  

    - Mid layer: Ceramic composite (SiCf/SiC) for high strength and reduced H2 generation 

    - Outer layer: ZrO2 coating to prevent ceramic composite from being dissolved to coolant 
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2. Metal-Ceramic Hybrid Cladding 

Optimization study on 

impregnation & pyrolysis 

• Important factors in fabricating: Fabric winding, Impregnation, Surface coating,  

   Mechanical strength  

• Mockup samples of 20cm in length are made based on parametric studies 

Mockup sample 
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• Xe & Kr: All the inventory of units 1-3 was released into the atmosphere 

• Cs & I: Less than 10% of the inventory 

Radioactivity Release and Transportation 

10 

• Once Xe, Kr, Cs, and I are released, they can be easily transported around  

  the world together with wind 
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KAERI’s Approach to ATF Pellet 

• Mid-term: Micro-cell UO2 pellets  

- To enhance retention capability of volatile fission products (Cs, I) → Reduced  

   radioactivity release to the environment 

- To use existing infrastructure, experience and expertise to the maximum  

   extent possible → Implemented in the near future 
 

 • Long-term: Uranium nitride (UN) composite pellets 

- To develop innovative fuel pellets with uranium nitride composite 

- To increase thermal conductivity & uranium density → Reduced fuel   

   temperature (safety) and increased discharge burnup (economy)  

11 
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1. Micro-cell UO2 Pellet 

• To enhance the retention capability of volatile fission products (Cs, I) during 

accident and normal conditions 

• To provide many chemical traps and/or physical barriers within UO2 pellet 

that prevents volatile fission products from being released to pellet outside 

• Cell wall material: Ceramic / metallic micro-cell pellet 
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1-1. Ceramic Micro-cell UO2 pellet 

13 

• Si containing mixed oxide for cell-wall: Si reacts with Cs and form meta-

stable phase. Micro-cell concept was implemented successfully 

 Pellet fabrication  Thermal diffusivity 

Si-Ti-O (CM-1) Si-Ti-Al-O (CM-2) Si-Cr-O 
• Wall volume : ~3% 
• Grain size: ~80m 
• Density : 10.6g/cm3 

• Wall volume: ~3% 
• Grain size: ~85m 
• Density : ~10.6g/cm3 

• Grain size: ~65m 
• Density : 10.7g/cm3 

• Thermal diffusivity: Ceramic micro-cell pellets have almost the same value 

as that of pure UO2   
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keV Cs 

 Cs capture 

• Cs capture test: Cs element mapping by EDS shows high Cs concentration 
(yellow spots) along cell walls  → Cs reacts preferentially with cell wall material 

Creep deformation 

• Creep deformation test: Ceramic cell pellets deform more easily than pure 

UO2 due to soft cell-wall   

1-1. Ceramic Micro-cell UO2 pellet 
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 • To test the behavior of ceramic micro-cell pellet under accident condition 

   and normal operation, test equipment is being installed: 

    - Thermal stability test under LOCA simulating heating conditions 

1-1. Ceramic Micro-cell UO2 pellet 
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 • To test the behavior of ceramic micro-cell pellet under accident condition 

   and normal operation, test equipment is being installed: 

   - High temperature steam oxidation test (1700oC, 3 bar of H2O) 

   - Water corrosion test in autoclave under normal operating condition 

1-1. Ceramic Micro-cell UO2 pellet 
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1-2. Metallic Micro-cell UO2 pellet 

Element 
Tmelting 

(℃) 
k 

(W/mK) 
σa 

(barn) 

Mo 2623 139 2.48  

• Mo and Cr: Selected as metallic cell-wall material 

• Microstructure shows that metallic cell wall was formed along grain boundaries 

• Main advantage: Enhanced thermal conductivity & retention capability 

• Thermal diffusivity: increased 1.5~2 times compared to UO2  
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2. Uranium Nitride Composite 

UO2 UN 

Theoretical 
density (g/cm3) 

10.96 14.32 

Uranium density  
(U-g/cm3) 

9.7 13.5 

Melting point (oC) 2,865 2,597 

• UN’s advantage: High uranium density & high thermal conductivity  

18 

• UN’s disadvantage: Violent reaction with water 

• To enhance corrosion resistance: 1) modifying  

   atomic structure of UN with minor alloying elements,  

   2) providing multiple protective layers 
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 • Nitride alloy powders 

B 
A 

Nitrides 

Oxides 

• Sintered composite pellet 

• Microstructure 

• XRD 

19 

2. Uranium Nitride Composite 
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3. Summary 

• Cladding material: Surface modified clad & Metal-ceramic hybrid clad 

• Pellet material: Micro-cell pellet & UN composite pellet 
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Thank you for your attention. 
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1. Brief introduction of R&D in CGN 

 GNPS 

 start from a high level 

 construction with loans, repayment by 

electricity sales, operation through joint venture 

 LNPS Phase II, HNPS, NNPS, YNPS, FNPS, CPR1000 

 TNPS (3G technology — EPR) 

 developing renewable energies such as wind power, hydropower 

and solar energy etc. 

Pioneering period 

1979-1994 

Development period 

1995-2004 

Second pioneering 

period 

2005-2011 

Post-Fukushima 

period 

2012 — 

first large commercial 

nuclear power station 

in mainland China 

 

 realizing “four self-reliance” 

capabilities 

 LNPS Phase I 

 self-reliant development of nuclear power per 

international standards 

 developing proprietary 

advanced PWR technology —

ACPR1000+ 

 building world’s first-class clean 

energy corporation 

 About China General Nuclear  
A large clean energy group under the supervision of the State-

owned Assets Supervision and Administration Commission 

(SASAC) of the State Council of China 



1. Brief introduction of R&D in CGN 

 CGN nuclear power supply 

●  in operation 

GNPS 

LNPS Phase I  

LNPS Phase II  

Unit 1 of Ningde NPP Phase I 

Unit 1 of Hongyanhe NPP Phase I 

Unit 1 of Yangjiang NPP 

★  under construction 

Units 2/3/4 of Ningde NPP Phase I, Fujian 

Unit 2/3/4 of Hongyanhe NPP Phase I,Liaoning 

Unit 2-6 of  Yangjiang, Guangdong   

Taishan Phase I, Guangdong 

Fangchenggang Phase I, Guangxi  

▲ under review 

Lufeng project, Guangdong    

Hongyanhe Phase II, Liaoning   

Xianning projet, Hubei  

 9 units in operation, with a total installed capacity of 9.41 million kW 

 15 units under construction, with a total installed capacity of 17.72 million kW 

Up to March 2014 

CGN’s NPP capacity currently under construction 

account for ~25% of the global total amount. 



1. Brief introduction of R&D in CGN 

 Research and development 

 CGN is building 15 R&D centers, including 6 national energy R&D (experiment) centers, including 

National Energy R&D Center of Advanced Nuclear Fuel. 

 Investment in technological innovation has 

increased from RMB 380 million Yuan in 

2007 to RMB 1550 million Yuan in 2013. 

3.8 
5.2 

8.8 
9.8 

12.6 

14.7 

0

5

10

15

2007 2008 2009 2010 2011 2012 2013

15.5 

Expenditure of technological activities:( in 100 million Yuan ) 



1. Brief introduction of R&D in CGN 

 National Energy R&D Center of Advanced Nuclear Fuel 

National Energy Administration 

National Energy R&D Center of Advanced Nuclear Fuel 

Academic Committee 

Nuclear Fuel R&D Center of CGN 

Dep of GT     Dep of SD Dep of SM Dep of PA    Dep of EV    Dep of PT    Dep of I&T    

SD: Structure Design                SM: Structure Material research 

PA : Performance Analysis and software development 

EV: Experiment Verification   PT: Physics & Thermal  

I&T: Irradiation and Test        GT: General Technology research   

 Founded in July 2010, the nuclear fuel center has established a technical team 

with more than 60 staffs, cover different major related to nuclear fuel R&D. 



1. Brief introduction of R&D in CGN 

 National Energy R&D Center of Advanced Nuclear Fuel (cont.) 

 CGN’s advanced STEPTM series fuel assembly development  

 CGN’s advanced Zircalloy CZTM development 

 Nuclear fuel performance codes development, National Science and Technology Major 

Project of China National Energy Administration  

 Accident tolerant fuel R&D 

 New concept fuel research 

Key research fields 



1. Brief introduction of R&D in CGN 

 Research infrastructure of CGN 
Main test platforms 

Test Device Of Passive Advanced Accumulator Characteristics 
Flow Induced Vibration Test Facility 

Secondary Passive Residual Heat Removal System Test Facility 

 Large-scale Hydraulic Test Facility 
 Core-Catcher Test Facility 
In-Vessel Retention Test Facilitiy 
LArge Thermal Hydraulic test facilitY, LATHY 

Integral Scale Hydraulic Test Facility(ISHY) 
Fuel Assembly Mechanical Test Facility 

RCP Shaft Seals Endurance Test Facility 
The Steam Generator T/H Test Facility 
Main Pump Characteristics Test Facility  
Small Reactor Integral Performance Test Facility 
Passive Cooling System of Concrete Containment Test Facility 

Seismic Effect Test Equipment 
Vibration Table Test Equipment 
Dynamic Loading Test Equipment 
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 Research infrastructure of CGN (cont.) 

Large thermal hydraulic test facility, LATHY Large-scale Hydraulic Test Facility 

Seismic Effect Test Facility Integral Scale Hydraulic Test Facility, ISHY 
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 Research infrastructure of CGN (cont.) 

New fuel assembly mechanical and hydraulic test 

facilities 

LOCA high temperature oxidation and 

quench simulation test facility 

Material impact test 

machine 
Creep and rupture strength 

test machine 
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2. ATF related activities in China 

 International meeting participation 

 OECD-NEA “1st International Meeting on Increased Accident 

Tolerance of Fuels for LWRS”, Paris, France, 10-12 December, 2012 

 OECD-NEA “2nd International Meeting on Increased Accident 

Tolerance of Fuels for LWRS”, Paris, France, 28-29 October 2013 

 China-US Civil Nuclear Energy Cooperation, Action Plan 6th Joint 

Technical working groups meeting, Xi’an, China, August 2013 

 China-US Civil Nuclear Energy Cooperation, 2nd Steering 

Committee Meeting, Washington DC, US, April 2014 



2. ATF related activities in China 

 ATF development union 

University 

Fuel vendor 

Regulator Academy CGN 

Utility 

Institute 

 The  ATF development union has been established to promote ATF R&D in China, led by CGN and 

with extensive domestic superior organizations participated in, including vendor, utility, regulator, 

institute, university and academy. 

China North Nuclear Fuel Co. Ltd 

China Academy of 

 Engineering Physics 

Chinese Academy of Sciences 

State Nuclear Power Research Institute 

Shanghai Nuclear Engineering  

Research & Design Institute 

Xi’an Jiaotong Univ. Wuhan Univ. 

Nuclear and Radiation Safety Center 



2. ATF related activities in China 

 ATF research program 

 Initiated by China National Energy Administration, the Chinese national ATF R&D 

strategic development plan is being conducted by CGN. 

 Preliminary research on key technology of ATF has been launched in CGN, funded 

by CGN Science & Technology Innovative Program. 

Extensive cooperation 

with utility, industry, 

safety authority, etc 

ATF key 

technology 

breakthough

Commerciali

zation

LTA/LTR 

irradiation

Engineering 

application 

study
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2. ATF related activities in China 

 ATF research program (cont.) 

3 

1 5 

4 2 

General technology 

study (including 

metrics, scoping 

tests and concept 

design) 

Zircalloy cladding 

surface 

modification 

New innovative 

cladding material 

development 

Advanced 

nuclear fuel 

pellet 

development 

Synthesis 

performance 

analysis and 

assessment 

 Research on key technology of ATF, National Science and Technology Major Project 

of China National Energy Administration (pending).  

• Initiated by CGN, over 10 domestic organizations participate in. 

• Total budget — RMB 240 million. 

• Five sub-projects were proposed. 

ATF 



2. ATF related activities in China 

 SiC ceramic cladding development 

 SiC composite 
 SiC/SiCf composite tube 



2. ATF related activities in China 

 SiC ceramic cladding development (cont.) 



2. ATF related activities in China 

 MAX phase material development 

Irradiation behavior study 

Forming process 

Joint technology  

10m80 m film 

Ningbo Institute of Materials Technology and Engineering 

(NIMTE) of the Chinese Academy of Sciences (CAS), 

http://gxoaza.bay.livefilestore.com/y1psS1OhHws2ibaGdxDtLl2ra4zyvh06M3DrR4pXucOh6u2Dpp_hWEjSP0AxFri-k-itZ0vHd__F3gVrxTHkuUYWw?PARTNER=WRITER


2. ATF related activities in China 

  Fuel behavior analysis under accident condition  Xi’an Jiaotong Univ. 

Conduction model 

Axial conduction 

Oxidation model 

Idaho La. model  

Stress model 

Idaho La. model 
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3. Summary 

 Under the background of international Accident Tolerant Fuel 

research, China has launched the national ATF R&D project, 

initiated by CGN and with extensive domestic superior 

organizations participated in; 

 Existing or under construction research facilities and abilities in 

China will contribute to the implementation of ATF R&D 

activities; 

 CGN is of great interest to ATF development, and international 

collaboration would be very beneficial. 



Thank you for your attention 



ATF R&D STATUS AND 

PERSPECTIVES 
(I3P- THREE PARTIES INSTITUTE CEA-EDF-AREVA) 

OECD-NEA Start-up meeting of the Expert Group on 

Accident Tolerant Fuels of LWRs 

OECD-HQ – Issy les Moulineaux 

 

April, 28-29, 2014 

 

T. Forgeron, Ph Guédeney, JC. Brachet, A. Michaux  & al. (CEA),  

N. Waeckel, A. Ambard (EDF) 

P. Blanpain, J. Bischoff (AREVA) 
 

1 OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



ATF R&D STATUS IN FRANCE 
(no major new technical result since last Oct. 2013  Workshop detailed presentation) 

 Background - CEA Assets 

More than 30 years of experience on the analytical experimental approach of cladding 

behavior in LOCA and post-LOCA conditions  (EDGAR, DEZIROX, CINOG, ..) 

Outcomes of domestic program for innovative fuel claddings and gas cooled reactors 

 Two attractive candidate ATF concepts presented at previous Workshops 

 Coated Zr-based Cladding  In service, DBA and Post DBA benefits evaluation 

Sandwich SiC-SiC with liner (GFR)  Evaluation of LWR applicability and benefits 

Clad characterizations and evaluation programs are now undertaken with 
the support of the French Industrial partners AREVA and EDF 

Main 2013 References - Publications:  

[1] J.-C. Brachet, M. Le Flem, C. Sauder, & al., P. Blanpain (Areva-NP) “Satus of CEA studies on nuclear fuel claddings 

for LWRs enhanced accident tolerant fuel: recent results, pending issues  

and prospects ”, proceeding of OECD-NEA ATF Workshop, Oct. 28th, 2013, Issy-les-Moulineaux, France 

[2] I. Idarraga et al., “Assessment at CEA of coated nuclear fuel cladding for LWRs with increased margins in LOCA and 

beyond LOCA conditions”, proceeding of 2013 LWR Fuel Performance Meeting/TopFuel, Charlotte, USA, Sept. 15-

19, 2013 

[3] C. Sauder et al., ‘”Assessment of SiC/SiC cladding for LWRs”, proceeding of 2013 LWR Fuel Performance 

Meeting/TopFuel, Charlotte, USA, Sept. 15-19, 2013 
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COATED ZR BASED CLADINGS 

|  PAGE 3 CEA | December 10 th 2012 

 Optimized Cr coated claddings appears as  a candidate for safety improvement 

in current  reactors  in a near future 

Weight gain has been decreased  

from ~10 mg/cm2 to ~0,5 mg/cm2 

Zy4 First coatings Improved coatings Optimized coatings 

[Idarraga, Lomello, Billard et al. 2012, unpublished results] 

COATED Zr Alloy 

• Experiments made on the most 

promising coatings 

• 1100°C 850 s., 1200°C 300 s. in 

steam water + quench 

• Weight gain, microstructure 

observations, Post-quench 

flexural/tensile tests 

3 

targets : 

Decrease oxidation rate in service and with steam water at high temperature 

Reduce in service hydriding and hydrogen release during accidental sequence 

Improve LOCA behavior (Peak clad T , post quench ductility ) 

Improve long term coolability  - procure grace time in the early stage of SA 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



RECENT RESULTS FOR COATED ZR “SLIGHTLY BEYOND LOCA” 

CONDITIONS (“BREAKAWAY”… ~4 HOURS AT 1000°C) [1] 

|  PAGE 4 

  un-coated Zry-4 
Non optimized 

coating 

Optimized 

coating 

Weight gain 

(mg/cm²) 
37-40 11.2 2.5 

Zirconia 

thickness 

(µm) 

~250 0 0 

αZr(O) ~100µm 

<100µm  

+ αZr(O) 

incursions 

0µm + very 

few αZr(O) 

incursions 

Hydrogen 

content 

(wt.ppm) 

~2000-3000 ~1000 ≤80 

For the uncoated Zry-4, the weight gain 

and the associated hydrogen pick-up are 

fully consistent with the previous results 

obtained on low-tin Zry-4 cladding tubes  

The non-optimized coating 

induces an intermediate 

behavior with no significant 

oxide formation but with some 

evidence of αZr(O) incursions 

into the Zry-4 metallic (prior-βZr) 

substrate and an associated 

significant hydrogen pick-up 

The optimized coating exhibits a 

very good resistance to both 

oxidation and hydrogen up-take: 

(i) absence of significant 

zirconia formation nor 

oxygen diffusion into the 

metallic prior-βZr substrate  

(ii) no significant hydrogen 

pick-up (<80 wt.ppm). 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



OPTICAL MACRO/MICROGRAPHS OF UNCOATED/COATED Zry-4 

AFTER STEAM OXIDATION FOR 15000 S / 1000°C 

|  PAGE 5 

Uncoated Zy-4 Non optimized coating  Optimized coating 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



POST-OXIDATION (15000 s  AT 1000°C) 

MECHANICAL TENSILE PROPERTIES 

|  PAGE 6 

Engineering tensile stress-strain curves obtained at 

RT on uncoated and optimized coated Zry-4 (after 

two-side steam oxidation for 15000 s at 1000°C) 

Uncoated: Coated: 

Uncoated Zry-4: 

- no significant necking,  

- full brittle failure mode 

Optimized coated Zry-4:  

- significant necking, 

- ductile failure mode  

  (mid-clad-thickness) 

Fractographs: 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 

Mainly due to the 

post-breakaway 

high H content 

Due to the low 

oxidation level 

& [H] <100ppm 



SiC/SiC SANDWICH CONCEPT MECHANICAL BEHAVIOUR [3] 
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Internal tube SiC/SiC:   e~0.3mm 

liner Ta :   e<0.1mm 

External tube SiC/SiC:  e~0.6mm 

CEA sandwich cladding 

• Metallic layer ensures tightness up to failure limit 

• Composite SiC ensures mechanical resistance  

• Process is simple and reproducible 

• End-plugging solutions (welding) 

All stages of 

process are 

done in CEA 
Patents 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



SiC/SiC  RESULTS UPDATE AND PROSPECTS [3] 

Oxidation testing (SiC/SiC samples in nominal conditions) 
First oxidation tests of SiC/SiC in LWR nominal conditions for 3500h are 

promising even if oxidation mechanism must be clearly understood 
Pyrocarbon interphase is not affected : no reduction of mechanical strength 
SiC recession is estimated to be 0,5mm after 3500h of LWR nominal 

oxidation conditions 
 Sandwich SiC/SiC cladding must be suitable for LWR 

 

Short/mid term Prospects  
Numerical simulation of rod behavior in Normal operation (PCI, design)   
Fuel-SiC interface issues 
Corrosion /wear in nominal conditions (sandwich concept) 
High temperature oxidation 
Irradiation testing 
 

International collaborations (benchmarking and evaluation) 
 SiC-SiC sandwich with Ta liner are candidates to experimental 

comparisons and numerical  approach evaluations 
 
 

 

•   
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Patents 

OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



ATF  R&D PERSPECTIVES IN FRANCE 

Realistic approach based on 3 axes 
Material development and innovation (CEA + U collaborations, GFR  ) 

Long length tubes (~0,5 m at pilot lab scale) (coated Zr) 

Tight ends for sandwich SiC-SiC concept 

Three Parties Institute (CEA-EDF-AREVA partnership)  
Characterization testing, experiments and numerical simulation approach of key 
properties for thermo-mechanical design such as corrosion, erosion, LOCA 
behavior, irradiation evaluation (small samples at marginal cost in domestic 
sample holder)  

Specific roadmap under construction for each concept  

Involvement in International programs 
Participation to OECD/AEN Workshop and Expert Group 

Proposal of Zy-4 coated UO2 fuel rodlets for irradiation in the Halden Reactor 
Program  

-Step 1 : Assessment of coating stability in service condition (PCI design possible) 

-Step 2 : Evaluation of Benefits in LOCA Transient 

Proposal in the framework of Nugenia WP5 ( EDF « RAMAT » proposal to be  
discussed with other ones for unified proposal in H2020 call for tender) 
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PROPOSALS FOR EXPERT GROUP ACTIVITIES 

EXPECTATIONS / CONTRIBUTION 

Expectations from EG 
Guidelines for ATF candidate evaluation 
- Definition of « safety benefit », how to « measure » it 
- Choice of scenarii  

Normal operation  DBA  early stages of post DBA  Severe Accident 
For each stage reduction of probability /consequence is a benefit 

Proposals for EG activities 
Parametric approach by variation of some key properties  

- On the base of scenarii selected by EG 

- Using system codes (MAAP, MELCOR, ASTEC, …) 

- Change one (or a set of) property(ies) considered as Key (T melt / Thermal 

conductivity, oxydation kinetics , oxidation reaction enthalpy,.. 

- Evaluate  the « safety benefit » of this change for the selected scenarii 

Exchange of basic properties related to ATF material candidates 
- Cross benefit evaluations (-/- scenarii ) 

Main output of EG 
Safety benefit evaluation guide 
Scenarii 
Tools for prioritization of development  Map (difficulty, expected benefit) 
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SYNERGIES WITH OTHER INTL PROGRAMS  

OECD-NEA Halden Reactor Project (WGFS) 

Proposal for irradiation testing of  Cr-coated- Zy-4/UO2 – fuel rodlets 
(White paper  submitted)  
Goals 
Step 1 

Direct evaluation of under representative PWR conditions 

Stability of the protective effect of coating  

- In environment 

- In environment + local deformation  (special design for early contact) 

Conditioning irradiated rodlet(s) for LOCA test in a second step 

Step 2 

LOCA test – Direct benefit evaluation 

Timing 
15 - 20 cm length clads may be short term delivered now 

50 - 60 cm clads could be fabricated end 2014 / early 2015 

Discussion on detailed program and PIE expected around mid-2014 

NUGENIA Technical Area 5 :  
-several proposals to be coordinated  around ATF cross evaluation goals and basic 

data acquisition  (Falstaff, Forclad, Ramat,  …)   Call H2020 in 2014/9 

- need of harmonization with other ATF initiatives  

11 OECD-NEA Start-up meeting of the Expert Group on ATF of LWRs, April 28-29, 2014 



Proposals of NRC “Kurchatov Institute” on Contributions  

to Collaborative Framework on ATF Activity 
  

NEA-OECD, Meeting of the Expert Group on Increased Accident Tolerance of Fuel 

for LWRs, Paris, France, April 28-29, 2014 

Yu. Zvonarev 

National Research Centre “Kurchatov Institute” 



Research of Severe Accidents on NPPs with VVER 

SOCRAT code for Reactor Facility modeling→ 

 

                                

        ANGAR code for                                                                                    

      ←Containment modeling 

 

 
 

GEFEST-ULR code for Core Catcher modeling →        

 

 

 

2 
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SOCRAT Severe Accident  Code 

 
SVECHA  Module - for core (fuel, claddings and control rods)    

   degradation modeling  

 

Models: 

 -   Zr cladding oxidation, 
 

-   Liquefaction of B4C by solid SS, 

 

-   B4C absorber rod degradation, 

   

  -   Dissolution of UO2 by molten Zr, 

 

-   ZrO2 layer loss of integrity, 

   

  -   Material relocation. 

 



EURATOM 5th Framework Program (1998-2002)  
COLOSS project (COre LOSS during a severe accident) 

NRC “Kurchatov Institute” (Russia) + IRSN (France) + FZK (Germany)  
 

The joint work on Advanced Treatment of Zircaloy Cladding High-

Temperature Oxidation in Severe Accident Calculations. 
 

The results of this work were published in the “Nuclear Engineering and 

Design”: 

• Schanz G., Adroguer B., Volchek A., Zvonarev, Yu., Fichot F., “Advanced 

Treatment of Zircaloy Cladding High-Temperature Oxidation in Severe Accident 

Calculations”, Part I – Part III. Nucl. Engineering and Design, 232, 2004. 

  Part I   – Experimental database and basic modeling. 

  Part II  – Best-fitted parabolic correlations.                                                  

  Part III – Verification against representative transient tests. 

 

In the frame of the bilateral contract between IRSN (France) and NRC 

“Kurchatov Institute” developed correlations for Zircaloy Cladding High-

Temperature Oxidation were implemented in the Western European 

ASTEC and ICARE/CATHARE codes. 
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Application of the Modified ASTEC and ICARE/CATHARE 

Codes for Analysis of SA on NPPs 

The modified ICARE/CATHARE code with above mentioned correlations 

was used for analysis of the incident with cleaning tank on PAKS-2 NPP: 

• Zvonarev Yu., Volchek A., “Results of Fuel Behaviour Calculations of PAKS-2 

Cleaning Tank Incident with ICARE/CATHARE Code”, Final Meeting of the 

OECD-IAEA Paks Fuel Project, Budapest, Hungary, April 26–27, 2007. 
 

The modified ASTEC and ICARE/CATHARE codes actively used for 

simulation of severe accidents on NPPs with VVER: 

• Zvonarev Yu., Budaev M., Kobzar V., Volchek A., “ICARE/CATHARE and ASTEC 

Codes Validation and Application to Safety Analysis of NPPs with VVER”, 

Proceedings of ICAPP’05, Seoul, KOREA, May 15-19, 2005. 

• Zvonarev Yu., Kobzar V., Budaev M., Chatelard P., Van Dorsselaere J.P., 

“ASTEC and ICARE/CATHARE Application to Simulation of a VVER-1000 Large 

Break LOCA”, J. of Energy and Power Engineering, vol. 4, N°3, 2010. 

• Zvonarev Yu,  Volchek A, Kobzar V., Chatelard P., Van Dorsselaere J.P., “ASTEC 

and ICARE/CATHARE modeling improvement for VVERs”, Nucl. Engineering 

and Design, 241, 2011. 

• Zvonarev Yu., Budaev M., Kobzar V., Volchek A.,“ASTEC Application for In-

Vessel Retention Modelling in VVER Plants”, Nucl. Engineering and Design, 

7638, 2014. 
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Proposals of NRC “Kurchatov Institute” on Contributions  

to Collaborative Framework on ATF Activity 

•   New ATF material (fuel, claddings and control rods) properties  

    assessment in normal operation conditions, and behaviour in accident    

    conditions; 
 

•   Overview of the status of the modelling tools applicable for the    

    evaluation of ATF, in relation with the phenomena impacted by the fuel   

    properties focusing on the Russian severe accident SOCRAT code; 
 

•   Development new models for modelling of ATF (fuel, claddings and  

    control rods) behaviour in severe accident conditions; 
 

•   Implementation of new models for ATF into severe accident SOCRAT  

    code and the modified code validation; 
 

• Application of the modified SOCRAT code to analysis of BDBA 

scenarios on NPPs with VVER reactors. 
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Thank you for attention!  
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Overview 

 Non-standard LWR fuel R&D 

 Thoria-based MOX fuels: since 1999 (design, fabrication, irradiation*, 

PIE, performance assessments, radiochemical analysis) 

 CERMET (FeCr & Mo + PuO2) fuels: since 2006 (design, fabrication, 

irradiation°, performance assessment) 

 Fuel performance code modifications:  

oxide, carbide, nitride & CERMET fuels 

 zircaloy, austenitic steels, SiC 

 Irradiation capacity in BR-2 

 Cladding & materials 

 Fuel 

 “MAX” phases research 

 Scoping studies collaboration with universities 

 Development in 7th FP MATISSE (+ KUL, KIT, KTH, CIEMAT, ENEA) 

 
(*) various burnup levels, up to 40 GWd/tHM 

(°) up to 15 GWd/tHM 
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Overview 

 Non-standard LWR fuel R&D 

 Thoria-based MOX fuels: since 1999 (design, fabrication, irradiation*, 

PIE, performance assessments, radiochemical analysis) 

 CERTMET (FeCr & Mo + PuO2) fuels: since 2006 (design, fabrication, 

irradiation°, performance assessment) 

 Fuel performance code modifications:  

Oxide, carbide, nitride & CERMET fuels 

Zircaloy, austenitic steels, SiC 

 Irradiation capacity in BR-2 

 Cladding & materials 

 Fuel 

 “MAX” phases research 

 Scoping studies collaboration with universities 

 Development in 7th FP MATISSE (+ KUL, KIT, KTH, CIEMAT, ENEA) 

 
(*) various burnup levels, up to 40 GWd/tHM 

(°) up to 15 GWd/tHM 
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BR-2 top cover & core cross section view 
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Standard irradiation positions 
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MISTRAL 
Small specimens in a temperature controlled device 

Designed for:  

Tensile specimens 5 mm F x 27 mm 

Mini Charpy specimens 3 x 4 x 27 

mm³  

Encapsulated specimens must fit 

into similar volume 

Total length 480 mm 
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MAX Phases: Introduction 

 MAX Phases: ternary carbide and nitride compounds described 

by general formula Mn+1AXn, where n = 1, 2, 3  

(M.W. Barsoum & T. El-Raghy, American Scientist 89 (2001) 334-343) 
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MAX phases:  
high temperature & oxidation resistant 

(M.W. Barsoum & T. El-Raghy, American Scientist 89 (2001) 334-343) 
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MAX Phases: Properties 

 Damage tolerance due to ability to deform by kink band formation 

 Damage tolerance: result of nano-laminated nature of MAX phases 

 Toughening mechanisms: delamination and 

crack bridging 

 Room temperature ductility can be achieved, 

if large grains are highly oriented 

Ti3SiC2 
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‘Allowable’ MAX elements as part of a fuel system 

Unacceptable neutron cross-sections 

Long-lived activation products  (OrigenArp) 
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Erosion-resistant MAX materials 

On-going work on MAX phases  

Screening mechanical tests 

in air on MAX materials 

Screening mechanical tests 

in LBE on MAX materials 

Screening LMC/erosion tests 

in LBE/Pb on MAX materials 

Processing & microstructural 

characterisation of MAX 

materials (monoliths/cermets) 

Post-fabrication heat treatments 

on MAX materials 

If erosion 

resistance is 

insufficient 
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SCK•CEN activities  

 Non-standard LWR fuel R&D 

 Thoria-based MOX fuels: 1999-today (design, fabrication, 

irradiation*, PIE, performance assessments, radiochemical analysis) 

 CERTMET (FeCr & Mo + PuO2) fuels: 2006-2011 (design, fabrication, 

irradiation°, performance assessment) 

 Fuel performance code modifications:  

Oxide, carbide, nitride & CERMET fuels 

Zircaloy, austenitic steels, SiC 

 Irradiation capacity in BR-2 

 Cladding: MISTRAL, ROBIN, BAMI 

 Fuel: PWC 

 MAX phase research 

 Scoping studies collaboration with universities 

 Development in 7th FP MATISSE (+ KUL, KIT, KTH, CIEMAT, ENEA) 

 
(*) various burnup levels, up to 40 GWd/tHM 

(°) up to 15 GWd/tHM 
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This presentation contains data, information and formats for dedicated use ONLY and may not be copied, 
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as a “personal communication. By courtesy of SCK•CEN”. 
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 The Working Group on Fuel Safety (WGFS) 

 WGFS activities 

 Conclusions 

 This presentation will cover  
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 Excerpts from the mandate of the WGFS  

 The main mission of the Working Group on Fuel Safety (WGFS) is 

to advance the current understanding and address safety issues 

related to fuel safety 

 Assess the technical basis for current safety criteria and their 

applicability to high burn-up (above 50 MWd/kg) and to new fuel 

designs and materials. … 

 Determine needs and priorities for future research programmes in 

the area of fuel safety behaviour, with the aim of understanding and 

adequately modelling key phenomena and of quantifying safety 

margins.   

 Review from a safety point of view the adequacy of fuel codes and 

methodologies used for different core assessments as related to high 

burn-up fuel. … 

 Provide a forum where safety-relevant fuel issues emerging from 

operating experience and research work can be addressed and 

resolved in an effective manner.  
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 Recent and current activities of the WGFS  

 The most recent activities of the WGFS cover 

the following topics 

 Loss of Coolant Accidents (LOCA) 

 Reactivity Initiated Accidents (RIA) 

 Fuel Safety Criteria 

 Leaking fuel impacts and practices 
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LOCA State of the Art Report 

 Everything you need to know 

about LOCA (and even more) 

  NEA/CSNI/R(2009)15 
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 Other LOCA related documents  

 LOCA Criteria Basis and Test 

Methodology 

 NEA/CSNI/R(2011)7 

 Safety Significance of the Halden IFA-

650 Test Results 

 NEA/CSNI/R(2010)5 

 The report discusses recent results 

on high burnup fuel showing fuel 

fragments dispersal out of the cladding 

under LOCA simulated conditions 
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 New LOCA activity  

 Report on Fuel fragmentation, relocation and dispersal under 

LOCA conditions 

 
Fuel fragmentation and relocation under LOCA 
conditions has been consistently observed in 
different experiments 

FR2; 35 GWJ/t ANL ; 55 GWJ/t 

Recent experiments in Halden as well as in Studsvik 
confirmed that the fuel may relocate in balloons but 
also showed that some amount of fuel may be 
dispersed out of the fuel rods at burst 

Halden ; 90 GWJ/t 
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RIA Workshop 

 NEA/CSNI/R(2010)7 

RIA State of the Art 

 NEA/CSNI/R(2010)1 
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RIA Benchmark 

 NEA/CSNI/R(2013)7 
RIA Mechanical testing 

 Under final editing 

Executive summary 

1. Background and introduction 

2. Cladding mechanical loading 

during RIA 

3. Description of existing 

methodologies 

4. Discussion of the different 

methodologies 

5. Recommendations regarding 

different methodologies 

6. Conclusions 

References 
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 New RIA activity  

 Second phase of the RIA benchmark 

 Make in-depth comparisons to substantiate the 

explanations for the discrepancies exhibit in Phase 1 

 Include sensivity and uncertainty analyses to give a 

wider perspective on the result comparisons 
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 Fuel Safety Criteria  

 Review of fuel safety criteria 

 NEA/CSNI/R(2012)3 

 Although the criteria discussed in 

this report may not all be directly 

applicable to design different than the 

current ones for LWRs, this document 

is of interest because it compiles a list 

of phenomena to be addressed when 

assessing fuel safety 
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 Leaking fuel  impact and practices 
(Final draft) 

 Compares approaches in different countries 

1. Operation of NPP reactors with leaking fuel 

2. Identification of leaking fuel assemblies and fuel rods  

3. Consideration of leaking fuel in safety analyses on core behaviour during 

postulated accidents (LOCA, RIA and other transients)  

4. Storage of leaking fuel in the spent fuel pool (SFP) 

5. Activity release from leaking fuel during storage in the SFP 

6. Activity release from leaking fuel during manipulations in the SFP  

7. Transport and interim storage of leaking fuel assemblies  

8. Activity release from leaking fuel in interim storage facilities  

9. Hydrogen gas generation from leaking fuel in dry storage facilities  and/or during 

transportation 

10. Reprocessing of leaking fuel rods 

11. Experimental investigations of leaking fuel 
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 Conclusions  

 The WGFS is focused on safety aspects related to fuel, 

mostly for LWRs 

 The WGFS is willing to interact more with other working 

groups of the NEA 

 Innovative fuel concepts have been given more attention 

following the Fukushima accident 

 Safety aspects have to be integrated early in the process of 

new fuel development because they induce important 

constraints 

 The WGFS is open to discussion on its possible contribution 

to EGATFL tasks 
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EGATFL Start-up Meeting, NEA HQ  

28-29 April 2014 
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  The WPFC covers:  

 Existing and advanced nuclear fuel cycles 

 Transition from thermal to fast nuclear fuel cycles 

 Heavy liquid metal coolant technology 

 Partitioning and transmutation 

 Fuel cycle physics, associated chemistry and flowsheets 

 Development and performance of fuels and materials 

 Accelerator driven systems  

 

The WPFC 
Created in June 2004 
Chair: Nathalie Chauvin (CEA, France) since 2013.  
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Structure of WPFC 

WPFC 

Expert Group on 
Heavy Liquid Metal 

(EGHLM) 

Chair: C. Fazio 
(Germany) 

Task Force on Benchmarking of 
Thermal-Hydraulic Loop Models 
for Lead Alloy-Cooled Advanced 

Nuclear Energy Systems (LACANES) 

Chair: I-S. Hwang (Korea) 

Expert Group on 
Innovative Fuels 

(EGIF) 

Chair: N. Chauvin 
(France) 

Expert Group on 
Innovative Structural 

Materials 

(EGISM) 

Chair: J. Marrow (UK) 

Expert Group on 
Advanced Fuel Cycle 

Scenarios 

(EGAFCS) 

Chair: B. Hyland 
(Canada) 

Expert Group on 
Fuel recycling 

Chemistry 

(EGFRC) 

Chair: P. Baron 
(France) 

Closed Taskforces 

Comparative Study on 
Homogeneous vs. 

Heterogeneous Recycle of  
TRU in Fast Reactors  

(M. Salvatores, France) 

Potential Benefits of 
Advanced Fuel Cycles With 

Partitioning and 
Transmutation  

(M. Salvatores, France)  
http://www.oecd-nea.org/science/wpfc/ 

 
 

Expert Group on 
Innovative Fuels 

(EGIF) 
 
 

http://www.oecd-nea.org/science/wpfc/
http://www.oecd-nea.org/science/wpfc/
http://www.oecd-nea.org/science/wpfc/
http://www.oecd-nea.org/science/wpfc/


© 2013 Organisation for Economic Co-operation and Development 

Objectives 
Conduct joint and comparative studies to support the development of innovative fuels that can be 
implemented in advanced nuclear fuel cycles. The fuel types of interest for EGIF are those that contain 
Minor Actinides (MA) as opposed to standard fuels (i.e. uranium or uranium-plutonium fuels currently 
being used in the operating NPP). 
 

Scope 
• Innovative fuel fabrication techniques;  

• Irradiation performance of innovative fuels;  

• Characterisation and post-irradiation examination methods;  

• Predictive models/codes for the innovative fuel fabrication and performance;  

• Phenomenological experiments in support of model development or validation.  
 

Activities  

• compile experimental database,  

• qualify methodologies,  

• develop a process to TRL for various techniques,  

• perform code-to-code, code-to-experiment benchmark 

 

Expert Group on Innovative Fuels 
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State-of-the-art report on Innovative Fuels 

To be published in 2014 

Fig. 2.3-1 MA-bearing fuel alloys for METAPHIX irradiation test

Fig. 2.3-2 MA-bearing fuel alloys for AFC-2 irradiation test
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Technology 
Readiness Level 

Different types of fuels (heterogeneous & 
homogeneous) 

• Metal 
• Oxide 
• Nitride 

• Dispersion Fuels 
• Special mechanical forms 

(sphere pac, …) 

Conclusions: 
TRU bearing fuels are being developed at lab. scale and irradiation tests have been 
limited to small samples. Most advanced are metal and oxide fuels. 
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  Scope 

 Focus on experiments on MA bearing fuels with different chemical forms. 

 Benchmark exercise with fuel performance codes  

 Synthesis of future R&D needs 

 Results gathered into a database 

 
• Irradiation of MA bearing fuel is rare compared to fuels for LWRs and only about 

20 irradiation experiments have been performed so far.  

• The first stage of the benchmark will focus on MA oxide and metal fuels (low 
content: 5% or less).  

• Available irradiation experiments, codes and interests were listed and first data 
will be shared at next meeting 

 

Benchmark Study on Fuel Performance Codes 
and Experiments 
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NSC/WPRS Activities on Reactor Fuel 

Performance (EGRFP) and IFPE database 

Akifumi YAMAJI 

OECD/NEA Data Bank 

Presentation to Start-up Meeting of the Expert Group on 

Accident Tolerant Fuels for Light Water Reactors 

28-29, April 2014, OECD/NEA 

1 
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As of 18 September 2012 

NEA Committees 

Nuclear 

Science 

Committee 

Nuclear 

Science 

Committee 

NSC 
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Nuclear Science 
Publications 
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Other NEA Areas 

 
NEA-DB Service Area 
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Provision of NEADB-NS Products 

to other NEA areas  

 

 

Computer Codes, Nuclear Data, Integral Experiments Databases, Validation, 

Benchmarks, Sensitivity & Uncertainty Analysis, State-of-the-art reviews 
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Expert 

Group on 

Reactor Fuel 

Performance 

 

 

Expert Group 

on Reactor 

Physics and 

Advanced 

Nuclear 

Systems  

Expert Group 

on Radiation 

Transport and 

Shielding 
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Uncertainty 

Analysis in 

Modelling 

 

WPRS 
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Burnup 
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Nuclear 
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International 
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Review 
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Safety 
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SINBAD* 

 

 

 

 

SFCOMPO 

 

 

 

WPEC WPNCS 

Data Bank 

WPMM 

Nuclear Science 

NEA Databases of Evaluated Integral Experiments 

WPFC 
Working Parties 

Expert Groups 

Integral Experiments Databases 

* SINBAD is developed jointly with RSICC 
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• Chair: K. Hesketh (NNL, UK) 

• Secretariat: A. Yamaji (NEA) 

• Scope 

– Reactor physics, radiation transport & dosimetry and fuel 

performance for present and future nuclear power systems.  

– Modelling of reactor systems and the uncertainties associated 

with such analyses. 

 

NSC Working Party on Scientific Issues of 

Reactor Systems WPRS 

Expert Group 

on Reactor 

Fuel 

Performance 

(EGRFP) 

Expert Group on 

Reactor Physics 

and Advanced 

Nuclear Systems 

(EGRPANS)  

Expert Group on 

Radiation 

Transport and 

Shielding 

(EGRTS) 

Expert Group on 

Uncertainty 

Analysis in 

Modelling 

(EGUAM) 
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IFPE History and Overview 
• IFPE: International Fuel Performance Experiment database 

• IAEA/FUMEX Programmes (1993-2012) 

• OECD/NEA Taskforce setup 1993 

• OECD/NEA Report, prepared by J. A. Turnbull (1995) 

• Creation of IFPE with data from Halden + Studsvik and Risø 

(1995) 

– The public domain database 

– Thermal reactor fuel performance, principally for Zry + UO2 

– Addition of advanced products with fuel and clad variants 

is not ruled out 

– Today, about 1452 rods/samples from various sources 

encompassing BWR, CAGR, PHWR, PWR, and VVER 

 IFPE webpage http://www.oecd-nea.org/science/wprs/fuel/ifpelst.html 4 

http://www.oecd-nea.org/science/wprs/fuel/ifpelst.html
http://www.oecd-nea.org/science/wprs/fuel/ifpelst.html
http://www.oecd-nea.org/science/wprs/fuel/ifpelst.html
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The Turnbull Report (1995) 

Need for data in the following 
topic areas considered:  

• Radial Flux Depression 

• Thermal Performance  

• Fuel Densification and Swelling 

• UO2 Grain Growth  

• Fission Product Release  

• Clad Properties 

• Pellet Clad Mechanical 
Interaction (PCMI) 

• Integral Behaviour  
• High Burnup Effects  

Creation of IFPE database 
5 
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Expert Group on Reactor Fuel Performance 

(EGRFP) 
• Created in 2011 under the guidance of WPRS  

• Chair: G. Rossiter (NNL, UK) 

Objectives 

• To provide expert advice on the development needs (data 

and methods, validation experiments, scenario studies)  for 

existing and future fuel designs 

• To provide specific technical information regarding: 

– National / international programmes, experimental capabilities 

– The provision of experimental data for model development and 

validation from the IFPE Database 

– Methods for code verification 

6 

http://www.oecd-nea.org/science/wprs/index.html
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EGRFP Key Activities 

• Report on “Experimental Data Requirements for Fuel 

Performance Modelling” (2014/2015) 

• IFPE database development 

– “Front-end” interface to be prepared to enhance 

accessibilities to the database 

– Keep coordination with IAEA/FUMAC  New 

experimental data for IFPE 

• Benchmark on PCMI with Halden experimental data 

– Complementary to other benchmarks (e.g., IAEA / FUMAC, 

OECD/NEA RIA Fuel Codes Benchmark)  

7 
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EGRFP: Meetings 

• Third Expert Group meeting (Feb. 2013, NEA, Paris) 

–  attended by 27 experts from 12 countries (Belgium, 

Czech Rep, Finland, France, Germany, Italy, Japan, 

Poland, Russia, Spain, UK, USA) and 3 international 

organisations (EC/ITU, IAEA, OECD/Halden). 

• Next meeting: February 2015 at NEA in conjunction with 

WPRS meeting (date to be determined) 
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Contact: wprs@oecd-nea.org 

 

mailto:wprs@oecd-nea.org
mailto:wprs@oecd-nea.org
mailto:wprs@oecd-nea.org
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Links: Use of IFPE database for LWR Uncertainty 

Analysis Benchmarks 
WPRS 

Expert Group 

on Reactor 

Fuel 

Performance 

(EGRFP) 

Expert Group on 

Reactor Physics 

and Advanced 

Nuclear Systems 

(EGRPANS)  

Expert Group on 

Radiation 

Transport and 

Shielding 

(EGRTS) 

Expert Group on 

Uncertainty 

Analysis in 

Modelling 

(EGUAM) 

IFPE 

database 

International 

Reactor Physics 

Experiments 

(IRPhE) database 

International 

Radiation Shielding 

Experiments 

database (SINBAD)  

• UAM-LWR Benchmark, Exercise II-1 – Fuel Modelling: Fuel thermal 
properties relevant to steady-state and transient performance of LWRs 

IFA-429,  

IFA-432 

9 

http://www.oecd-nea.org/science/wprs/egrsltb/UAM/index.html
http://www.oecd-nea.org/science/wprs/egrsltb/UAM/index.html
http://www.oecd-nea.org/science/wprs/egrsltb/UAM/index.html
http://www.oecd-nea.org/science/wprs/egrsltb/UAM/index.html
http://www.oecd-nea.org/science/wprs/egrsltb/UAM/index.html
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EGRFP Links 

• OECD/NEA/NSC 

– WPRS Expert Group on Uncertainty Analysis in Modelling (EGUAM) 

– WPFC Expert Group on Innovative Fuels (EGIF) 

– WPMM Expert Group on Multi-scale Modelling of Fuels (M2F) 

– Expert Group on Accident Tolerant Fuel for LWRs (EGATFL) 

• OECD/NEA/CSNI  

– Working Group on Fuel Safety (WGFS) 

• OECD Halden Reactor Project (HRP) 

• IAEA 

– Technical Working Group on Fuel Performance and Technology 

(TWG-FPT) 

– FUMAC (Fuel Modelling in Accident Conditions) 

• World Nuclear Association (WNA) working group on Safety Criteria for 

New Fuel Technologies 

 10 
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Thank you for your attention. 
Working Party on Scientific Issues of Reactor Systems 

WPRS website: 

http://www.oecd-nea.org/science/wprs/index.html 
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http://www.oecd-nea.org/science/wprs/index.html
http://www.oecd-nea.org/science/wprs/index.html
http://www.oecd-nea.org/science/wprs/index.html


IAEA 
International Atomic Energy Agency 

IAEA Coordinated Research Projects (CRP) 

in the area of Fuel Engineering and ATF plans 
 

V. Inozemtsev 
Fuel Engineering Team Leader 

 

IAEA, Vienna, Austria 

NEA/EGATF-2014 
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CRPs on the IAEA web-site: 

http://cra.iaea.org/cra/index.html 

• Duration is about 4 years 

• Members are organizations 

• Joint work plan is based on the 

     organizations’ proposals, 

     and agreed at the 1-st Research 

     Coordination Meeting (RCM-1) 

• CRP-2018 “Analysis of Options 

and Experimental Examination of 

Accident Tolerant Fuels for Water- 

               Cooled Reactors” 
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Coordinated Research Projects in 2005-2015 



IAEA 

CRP series on fuel modelling (1982-2012) 

4 

CRP D-COM 

1982-1984 

published in 1987 

CRP FUMEX 

1993-1996 

published in 1998 

CRP FUMEX-2 

2002-2007 

published in 2012 

CRP FUMEX-3 

2008-2012 

published in 2013 

Blind exercises 

Joint NEA-IAEA International Fuel 

Performance Experimental (IFPE) Database 
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  Argentina 2  India  1 

  Belgium 1  Italy  2 

  Brazil  2  Japan  3 

  Bulgaria 2  Korea  1 

  Canada  1  Romania 1 

  China  3  Russia  2 

  Czech Rep 1  Switzerland 1 

  Finland  1  UK  2 

  France  1  Ukraine  1 

  Germany 2  USA  2 

  Hungary 1  ITU/JRC/EC 1 

FUMEX-3 

34 members from 21 countries and ITU/JRC/EC 

Data from the Halden Reactor Project (observer) and from CRP participants → 

≈1500 datasets in the NEA-IAEA Int’l Fuel Performance Experiments Database 

(http://www.oecd-nea.org/science/wprs/fuel/ifpelst.html) 
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FUMEX: fission gas release prediction 

FUMEX-2, IAEA-TECDOC-1687, 2012 
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SMoRE (Accelerator Simulation and 

Theoretical Modelling of Radiation Effects) 
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Fast Reactor 

Materials

Fusion 

Materials

Thermal 

Reactor 

Materials

ITER 

Reasons:  

• Economically driven growth of 

conventional fuels burn-up 

• Introduction of new fuels for 

innovative  nuclear systems  

• Insufficient basic understanding 

of radiation damage mechanisms 

Nuclear Technology Review, IAEA, Vienna, 2007 

SMoRE Objectives: 

• enhancement of simulation capabilities of accelerators for materials testing 

• contribution for better physical understanding of high-dose radiation effects 
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SMoRE: Multi-scale approach (NEA WPMM) 

Radiation effects are inherently 

a multi-scale problem 

   Quantum Mechanics → 

         Molecular Dynamics → 

               Kinetic Monte Carlo → 

                    Dislocation Dynamics → 

                             Elasticity / Plasticity 

L. Malerba /SCK.CEN 
Joint ICTP-IAEA Advanced Workshop on Multi-scale 

Modelling for Characterisation and Basic Understanding 

of Radiation Damage Mechanisms in Materials, Apr. 2010 
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1. Belgium: SCK.CEN (L. Malerba) – Fe-Cr potentials, their use in MD and MC, EPA experiments;  

2. China: CIAE (Sh. Zhu) – CLAM irradiation up to 85 dpa, temp. effects, tripple beam H/He synergy; 

3. France: CEA (F. Willaime), EdF (G. Monnet) – MSM in Fe, Fe-Cr, ODS, Jannus tripple beam, DD; 

4. India: BARC (P. V. Durgaprasad) – MD, DD in Fe, Fe-Cr, small-punch tests of T91; 

5. Japan: Kyoto University (A. Kimura) – Al-added-ODS, phase stability, He-trapping, dual beam; 

6. Kazakhstan: INP (O. Maksimkin) – F/M and AS, comparison with BN-350, martensite degradation;  

7. Korea, Rep: KAERI (J. Kwon) – MD, DD in F/M steels, TEM, atom probe, EPA, nano-identation; 

8. Netherlands: JRC-Petten (L. Debarberis) – Fe-Cr ODSs (non-irradiated), EPA, SANS, TEP, TEM; 

9. Poland: IAE (W. Szteke) – small-punch testing of non-irradiated AS;  

10. Russia: IPPE (V. Pechenkin), Kurchatov Institute (A. Ryazanov) – F/M steels, neutrons, MSM, RIS; 

11. Slovakia: Bratislava University (V. Slugen) –ODS MA956, ODM751 and Eurofer comparisons, EPA; 

12. Spain: Madrid University, Institute of Fusion (J. Perlado) – Fe-Cr potentials, defect formation energies; 

13. Switzerland: PSI (M. Pouchon) – micro-pillar nano-identation, analysis and modelling; 

14. Ukraine: KIPT (V. Voyevodin) – high-dose ion irradiation, comparisons with neutrons, MSM; 

15. USA: LLNL (M. Fluss), LANL/UCB (P. Hosemann) – ODS MA956, MA957 and K3; micro-studies; 

      Rad. Effects Consulting (F. Garner) – chief consultant of the project; 

           NEA / OECD – observer, many participating members and discussions at WPMM. 

SMoRE (2008-2013): 19 members from 15 countries 



IAEA 

CRP SMoRE 

Swelling under fast neutron irradiation: 

IAEA TM on FR Fuels, IAEA-TECDOC-1689, 2013 

PHÉNIX data, Ph. Dubuisson, CEA, France 

 

Accelerator simulations, SMoRE & ODS CRPs 

V. Voyevodin et al, KIPT, Ukraine,  

DPA/NRT issue: 

NEA/WPMM/EG-PRD 

and IAEA/CRP PRD 



IAEA 11 

CRP “FUel Modelling in Accident Conditions” (FUMAC, 2014-2018)  
is aimed at better understanding of fuel behaviour in accident situations through 

identification of best practices in the application of relevant physical models and 

computer codes, used in different Member States, and enhancement of their predictive 

capacities. Well checked results of accident simulation experiments will be selected, 

integrated into the joint NEA-IAEA International Fuel Performance Experiments (IFPE) 

Database, and used for codes verification and comparisons.  

 TM “Fuel behaviour and modelling under severe transient and LOCA conditions”, 

 Mito, Japan, 2011  

 TM “Modelling of water-cooled fuel including design basis and severe accidents”, 

 Chengdu, China, 2013 

 Consultants Meeting on FUMAC outline and organization, 

 Vienna, 11-13 March 2014 

 1st Research Coordination Meeting of FUMAC, 

 Vienna or Karlsruhe, 10-14 November 2014  

IAEA Nuclear Safety Action Plan: FUMAC 
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IAEA Nuclear Safety Action Plan: ACTOF 

CRP “Analysis of Options and Experimental Examination 

of Fuels with Increased Accident Tolerance” (ACTOF, 2015-2019) 

will examine approaches for development of water-cooled reactor fuel with 

improved tolerance to the severe accident conditions (ATF) that intensified after 

Fukushima accident, with the ultimate goal to replace the currently used Zr 

alloy fuel cladding, which is vulnerable to steam-zirconium reaction and 

hydrogen release when active cooling in the reactor core is lost. Technological, 

operational and economic aspects of ATF manufacturing and implementation 

are also to be considered.  

 TM “Accident Tolerant Fuel concepts for Light Water Reactors”, 

Oak Ridge, USA, 13-17 October 2014 

 Consultancy and RCM-1 in 2015 
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Topics: 

 Materials, design, technology, and safety requirements for ATF with regard to  

possible reactor operation in normal, transient, and accident conditions; 

 R&D on ATF, including: 

• Zr alloys modification and advancements 

• Alternative cladding concepts 

• Alternative fuel concepts 

 Modelling ATF behaviour; 

 Economic aspects of ATF implementation; 

 ATF-relevant experience and lessons learned from Fukushima and other accidents; 

 CRP ACTOF round-table discussion 
 

Background, Objectives, Organization, Deadlines, Venue and 

Accommodation, Expenditures 

IAEA TECHNICAL MEETING ON 

ACCIDENT TOLERANT FUEL CONCEPTS FOR LIGHT WATER REACTORS 

13 October – 17 October 2014, Oak Ridge National Laboratory, Oak Ridge, TN, USA 

INFORMATION SHEET (extract) 
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Thanks 

for your attention, and 

welcome to CRP ACTOF! 
 

 

 

 

 

 

 



Mandate (1/2) 

The following items may be included in the programme of work: 

• Data and characteristics of candidate materials, including: 

– Advanced claddings: coated Zr-based alloys, SiC/SiC ceramic composites, advanced 
steels, refractory metals (e.g. molybdenum), etc.; 

– Advanced Fuels: doped UO2 for enhanced thermo-mechanical properties, high density 
fuels such as U-silicide and U-nitride, dispersion fuels with coated particles, etc.; 

– Non-fuel core components such as fuel channels, control rods and blades, and fuel 
assembly hardware; 

• Issues related to the modelling of the advanced materials (fuel/cladding behaviour in normal 
and transient conditions, including DBA and BDBA, etc.); 

• A review of the needs related to an experimental validation of the most promising materials: 
available facilities, opportunities of joint experiments (including out-of-pile and in-pile 
experiments), identification of gaps, etc. 

• The establishment of appropriate metrics to help prioritise between the ATF candidates; 

• The definition and evaluation of reference scenarios to evaluate the effectiveness of  ATF 
candidates; 

 



Mandate (2/2) 

 It is anticipated that the Expert Group may organise the 
programme of work through activities carried out by 
individual Task Forces dedicated to specific technical 
issues such as: 

• Identification and evaluation of candidate materials; 
• Development of fundamental properties for the 

candidate materials; 
• Evaluation of metrics for ATF; 
• Development of modelling and simulation methods, 

identification of accident scenarios; 
• Experimental needs and facilities. 



Organization/Implementation 

Overall Scope to be discussed and reviewed 
During the meetings 

(Information Exchange and Technical Discussions are the main Focus) 

Task Force 1 

Task Force 2 

Task Force 3 

Deliverable 1 Deliverable 2 Deliverable 3 

Roughly 2 year scope for task forces and deliverables 



Possible Task Force/Deliverable Structure 

• Metric Report – International Version 
• Reference scenario development for evaluation 
• Parametric studies on materials behavior under the evaluation scenario 

– Evaluation of different materials of interest 
– Impact on enrichment and fuel forms 

• Fuel matrix concepts evaluation under the reference scenario 
• Data on oxidation kinetics of various cladding materials 
• SiC applications on in-core materials (cladding, channels, control blades) 

– Available data for the desired applications 
– Data gaps 

• Technology Readiness Levels definition and evaluation of different 
concepts 
– Testing needs 
– Modeling needs 

• Assessment of severe accident codes with respect to modeling the new 
fuel/cladding concepts 

• Benchmark of proposed concepts against U-Zy system under normal 
operations 

 



Task Forces 
Task Force 1 

Systems 
Assessment 

• Metrics 
– Economics 

– Fuel cycle (SNF, …) 

– Operations 

– DBAs 

– BDBAs 

– Etc.. 

• TRL definition 

• Illustrative 
Scenario (to feed 
TF1 and TF2) 

• Parametric studies 

• Systems Codes  

Task Force 2 

Cladding/Core 
Materials 

• Properties 

• Evaluation under normal 
operations (incl. fretting) 

• Evaluation under 
illustrative scenario 

• PCI 

• Testing needs – data gaps 
(to be linked to RTFDB) 

• Modeling needs – 
modeling gaps 

• Experimental 
infrastructure 

 

Task Force 3 

Fuel Concepts 
• Properties 

• Evaluation under normal 
operations (incl. fretting) 

• Evaluation under 
illustrative scenario 

• PCI 

• Testing needs – data gaps 

(to be linked to RTFDB) 

• Modeling needs – 
modeling gaps 

• Recommendations on 
priorities 

 
Deliverables 

• Definition of the illustrative 
scenarios and first 
parametric studies 

• Status report + 
Recommendations and 
priorities 

 

Deliverables 
• Status report + 

Recommendations and 
priorities 

 

Deliverables 

• Status report + Recommendations 
and priorities 

 



Preliminary list of actions agreed during the meeting 

 NEA: update the mandate and circulating to the EG, collect feedback and 

send it to the NSC for approval in June 2014 

 NEA: send a reminder to participants to propose nominations to TF and 

indicate possible other organisations interested in attending the EG/TF 

 NEA: create a website for EG ATFL and upload Proc. and presentations of 

previous meetings, accessible only to the participants to the EG and 

previous meetings 

 All EG members and attendees to previous workshops: to precise 

dissemination policy for presentations of previous workshops and this 

meeting, check with EPRI for presentations from EPRI/DOE/INL workshop 

Feb. 2014 



 

AAddvvaanncceedd  FFuueellss  
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FFuueell  PPeerrffoorrmmaannccee  
MMeettrriiccss  
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Disclaimer 

This information was prepared as an account of work sponsored by an agency of the U.S. 
Government. Neither the U.S. government nor any agency thereof, nor any of their 

employees, makes any warranty, expressed or implied, or assumes any legal liability or 
responsibility for the accuracy, completeness, or usefulness, of any information, apparatus, 
product, or process disclosed, or represents that its use would not infringe privately owned 
rights. References herein to any specific commercial product, process, or service by trade 
name, trade mark, manufacturer, or otherwise, does not necessarily constitute or imply its 

endorsement, recommendation, or favoring by the U.S. Government or any agency thereof. 
The views and opinions of authors expressed herein do not necessarily state or reflect those 

of the U.S. government or any agency thereof. 
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AAbbssttrraacctt  

The safe, reliable and economic operation of the nation’s nuclear power 
reactor fleet has always been a top priority for the United States’ nuclear 
industry. As a result, continual improvement of technology, including advanced 
materials and nuclear fuels, remains central to industry’s success. Decades of 
research combined with continual operation have produced steady advancements 
in technology and yielded an extensive base of data, experience, and knowledge 
on light water reactor (LWR) fuel performance under both normal and accident 
conditions. In 2011, following the Great East Japan Earthquake, resulting 
tsunami, and subsequent damage to the Fukushima Daiichi nuclear power plant 
complex, enhancing the accident tolerance of LWRs became a topic of serious 
discussion. As a result of direction from the U.S. Congress, the U.S. Department 
of Energy Office of Nuclear Energy (DOE-NE) initiated an Accident Tolerant 
Fuel (ATF) Development program.  

The complex multiphysics behavior of LWR nuclear fuel makes defining 
specific material or design improvements difficult; as such, establishing 
qualitative attributes is critical to guide the design and development of fuels and 
cladding with enhanced accident tolerance. This report summarizes a common 
set of technical evaluation metrics to aid in the optimization and down selection 
of candidate designs. As used herein, “metrics” describe a set of technical bases 
by which multiple concepts can be fairly evaluated against a common baseline 
and against one another. Furthermore, this report describes a proposed technical 
evaluation methodology that can be applied to assess the ability of each concept 
to meet performance and safety goals relative to the current UO2 – zirconium 
alloy system and relative to one another. The resultant ranked evaluation can then 
inform concept down-selection, such that the most promising accident tolerant 
fuel design option(s) can continue to be developed for lead test rod or lead test 
assembly insertion into a commercial reactor within the desired timeframe (by 
2022).  
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EExxeeccuuttiivvee  SSuummmmaarryy  

The safe, reliable and economic operation of the nation’s nuclear power reactor fleet has always been 
a top priority for the United States’ nuclear industry. As a result, continual improvement of technology, 
including advanced materials and nuclear fuels, remains central to industry’s success. Decades of research 
combined with continual operation have produced steady advancements in technology and yielded an 
extensive base of data, experience, and knowledge on light water reactor (LWR) fuel performance under 
both normal and accident conditions. In 2011, following the Great East Japan Earthquake, resulting 
tsunami, and subsequent damage to the Fukushima Daiichi nuclear power plant complex, enhancing the 
accident tolerance of LWRs became a topic of serious discussion. As a result of direction from the U.S. 
Congress, the U.S. Department of Energy Office of Nuclear Energy (DOE-NE) initiated an Accident 
Tolerant Fuel (ATF) Development program. Prior to the events at Fukushima, the emphasis in the fuel 
development activities was on improving nuclear fuel performance in terms of increased burnup for waste 
minimization, increased power density for power upgrades, and increased fuel reliability. 

 The current nuclear power industry is based on mature technology and has an excellent safety and 
operational record. Except for a few extremely rare events, the current UO2 – zirconium alloy fuel system 
meets all performance and safety requirements while keeping nuclear energy an economically competitive 
clean-energy alternative for the United States. Any new fuel concept must be compliant with and 
evaluated against current design, operational, economic, and safety requirements. The overall fuel cycle 
must also be considered, especially for concepts that represent a significant departure from the current 
technology.  

After the March 2011 events at Fukushima, enhancing the accident tolerance of LWRs became a 
topic of discussion within the U.S. and internationally. In the Consolidated Appropriations Act, 2012, 
Conference Report 112-75, the U.S. Congress directed DOE-NE to give “priority to developing enhanced 
fuels and cladding for light water reactors to improve safety in the event of accidents in the reactor or 
spent fuel pools.” Fuels with enhanced accident tolerance are those that, in comparison with the standard 
UO2 – zirconium alloy system currently used by the nuclear industry, can tolerate loss of active cooling in 
the reactor core for a considerably longer time period during design-basis and beyond design-basis events 
(depending on the LWR system and accident scenario) while maintaining or improving the fuel 
performance during normal operations and operational transients.  

The Fuel Cycle Research & Development (FCRD) Advanced Fuels Campaign (AFC) research, 
development and demonstration (RD&D) effort currently focuses on applications in currently operating 
reactors or reactors with design certifications. New fuel concepts will be evaluated with respect to the 
accident scenarios and specific plant designs for LWRs and fuel fabrication facilities. The candidate 
advanced fuel concepts must also be evaluated within the context of other potential improvements being 
developed to enhance overall safety (e.g., access to emergency cooling water, additional battery power, 
etc.) to fully characterize the impact of the candidate fuels on reactor operations. Overall safety 
assessments should be performed to the extent possible in the Phase I feasibility studies; these evaluations 
will be enhanced as more data becomes available in subsequent phases of development. 

The accident tolerant fuels (ATF) development effort adopts a three-phase approach to 
commercialization (Figure ES-1). Phase 1 includes feasibility assessment and down-selection during 
which fuel concepts will be developed, tested, and evaluated. Feasibility assessments of the new concepts 
will be performed to reduce the number of concepts for further development. These assessments include: 
laboratory scale experiments, e.g., fabrication, preliminary irradiation, material properties measurements; 
fuel performance code updates; and analytical assessment of economic, operational, safety, fuel cycle, 
and environmental impacts. In Phase 2, the fabrication process will expand to industrial scale for lead test 
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rods (LTRs) and lead test assemblies (LTAs). Finally, Phase 3 establishes commercial fabrication 
capabilities. Each development phase roughly corresponds to the Technology Readiness Levels (TRL) 
defined for nuclear fuel development, where TRL 1-3 corresponds to the “proof-of-concept” stage, TRL 
4-6 to “proof-of-principle,” and TRL 7-9 to “proof-of-performance” (INL 2013; Carmack 2014). The 
draft evaluation methodology presented in this document focuses on Phase 1 assessment and down-
selection, but it also establishes the framework necessary to move a new fuel concept through further 
development and analysis in Phase 2. 

 
Figure ES-1. Research, development, and demonstration strategy for enhanced accident tolerant fuel 
development; an estimated timeline for each phase is included. 

Attributes with potential impact for fuel designs with enhanced accident tolerance include reduced 
steam reaction kinetics, lower hydrogen generation rate (or generation of other combustible gases), and 
reduction of the initial stored energy in the core, while maintaining acceptable cladding and fuel thermo-
mechanical properties, fuel-clad interactions, and fission-product behavior.  Targeting improvements in 
these attributes provides guidance in establishing the critical parameters that must be considered in the 
development of fuels and cladding with enhanced accident tolerance. A common set of qualitative 
technical metrics will aid in the optimization and down-selection of candidate designs on a more 
quantitative basis.  

 “Metrics” describe a set of technical bases by which multiple concepts can be fairly evaluated against 
a common baseline and against one another. In some cases this may equate to a specific quantitative 
target value for selected properties or behaviors. “Metrics” can also describe a clear technical 
methodology for evaluation that can be used to rank two or more concepts. Because of the complex 
multiphysics behavior of nuclear fuel and the large set of performance requirements that must be met, the 
latter definition is adopted for the current evaluation of candidate accident tolerant fuel options. A series 
of national and international meetings were held in FY2013 to begin establishing a consensus on how to 
approach ATF design, optimization and evaluation for down-selection (Braase 2013; Braase and Bragg-
Sitton 2013; OECD/NEA 2013). Each of these meetings provided expert direction on an appropriate set 
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of enhanced accident tolerant fuel attributes, metrics, and associated screening evaluations for different 
classes of fuel and cladding material.  

Beginning with the guidance on qualitative ATF metrics, a small team from across the DOE 
laboratories has begun to define a technical evaluation approach for accident tolerant fuels. Preliminary 
analyses have been conducted on a handful of ATF concepts, and sensitivity analyses have been 
performed for key performance parameters, including fuel thermal conductivity, cladding thermal 
conductivity, and cladding oxidation rate. Sensitivity analyses provide early insight to the key parameters 
to be used for cladding and fuel optimization, while more detailed analyses allow evaluation of currently 
proposed concepts based on the available property and performance data.  

An assessment of the potential beneficial impact or unintended negative consequences of candidate 
ATF concepts must address the obvious “fuel-specific” characteristics of the concept but, perhaps more 
importantly, the assessment must address how implementation of the concept will affect reactor 
performance and safety characteristics. This assessment would include neutronics and thermal-hydraulics 
analyses to ensure that the reactor would operate as intended with the candidate fuel system. Coupled 
thermal hydraulic-neutronic analysis of candidate ATFs is essential for understanding the synergistic 
impact of the thermal properties and reactivity feedback. 

Industry, academia and the DOE national laboratories are currently investigating multiple ATF 
concepts. The proposed technical evaluation methodology will be applied to gauge the ability of each of 
these concepts to meet performance and safety goals relative to the current UO2 – zirconium alloy system 
and relative to one another. This ranked evaluation will enable the continued development of the most 
promising ATF design options given budget and time constraints, with a goal of inserting one (or possibly 
two) concepts as an LTR or LTA in a commercial LWR by 2022. 

The steps described in Figure ES-2 (numbered 1 – 8) address the full scope of activities that need to 
be considered in evaluating the feasibility of candidate ATFs.  Carrying out all the indicated steps can 
require significant investment of time and resources.  However, the fidelity or level of detail involved 
depends on the stage of evolution/development of a concept.  During the “screening” stage (Step 1), the 
level of detail associated with analyses will be limited, based on the current state of knowledge for the 
selected concept. The level of detail may range from literature reviews and expert judgment through 
limited experiments and computational analyses. The goal is to have sufficient confidence in the results of 
the assessment (with a reasonable investment of time and resources) that identified changes relative to the 
reference UO2 – zirconium alloy fuel system are known well enough to proceed with continued 
development of the concept, or conclude that the concept should be modified or abandoned. For further 
description of the corresponding fuel technology readiness level related to Figure ES-2, see Technology 
Readiness Levels for Advanced Nuclear Fuels and Materials Development (Carmack 2014). 

The design / development team for a candidate fuel system would be expected to rely on preliminary 
analyses and scoping studies performed as a part of the initial technology selection to complete the 
candidate fuel screening table (Table ES-1). The attributes defined in the table correspond to a complete 
fuel system (fuel plus cladding) over the full fuel life cycle (fabrication – operation – used fuel 
management). Table ES-1 is designed to identify “Benefits” and “Vulnerabilities” for each concept. The 
candidate fuel system should be ranked within each category on a scale of 0 to 5, where “0” indicates no 
notable change from the current UO2 – zirconium alloy system and “5” indicates either a significant 
benefit relative to the current system or a significant vulnerability. If a specific property or behavior is not 
yet known (or not known conclusively), this would correspond to higher vulnerability. For attributes that 
are currently unknown or assumed, recommended actions should then be noted by the review panel. If a 
decision is made to continue development to Steps 2a, 2b despite these noted vulnerabilities, these 
recommended actions should be resolved before convening the second expert review panel that would be 
tasked with ranking the remaining candidate technologies (shown between Phase 1 [Steps 1, 2a, 2b] and 
Phase 2 [Steps 3-7]) based on both perceived benefits and remaining vulnerabilities. Concepts that are 
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further in their development may have already completed elements listed in items 2a and 2b prior to the 
initial expert panel review, while others may have larger uncertainties associated with the expected fuel 
system behavior. The former case would have fewer recommended actions, while the latter may have 
more recommended actions necessary to reduce uncertainty in the performance estimates. 

The independent Initial Expert Panel Review will be tasked with reviewing input (currently available 
data and analysis results) provided by each of the design teams and using this information to make a 
qualitative assessment of the relative benefits or vulnerabilities associated with the candidate design for 
each “Performance Attribute” relative to the specified “Performance Regimes:” 

1. Fabrication / Manufacturability (to include Licensibility) 

2. Normal Operation and Anticipated Operational Occurrences (AOOs) 

3. Postulated Accidents (Design Basis) 

4. Severe Accidents (Beyond Design Basis) 

5. Used Fuel Storage / Transport / Disposition (to include potential for future reprocessing) 

Upon completion of Table ES-1, the scores in the “benefits” and “vulnerabilities” columns should be 
tallied. The scores in each of these columns provide an indication of both development stage and expected 
performance benefits. Technologies that do not depart significantly from the current UO2 – Zr alloy fuel 
system might be expected to have a modest benefit score and low vulnerability. This candidate 
technology would be considered low risk, modest payoff, but could potentially be developed in the near 
term for commercial demonstration. On the contrary, a relatively immature concept that is a significant 
departure from the current UO2 – Zr system may have a high vulnerability score due to the existing 
technology or data gaps, while simultaneously scoring well in the benefits column based on the limited 
data that are available. For example, candidate ceramic cladding may score very well due to its ability to 
operate to very high temperature and minimal interaction with steam, but challenges in fabricating a 
hermetic fully ceramic cladding in the lengths necessary for LWR application may result in high 
vulnerability scores and a large number of recommended actions. A concept scored with a high benefit 
and high vulnerability would be considered high risk but potentially high payoff, requiring a longer 
period of time for development relative to technologies that are nearer to the current UO2 – Zr system.  

The same screening table (Table ES-1) can be applied in both the initial and secondary expert panel 
reviews. The level of uncertainty in each of the performance attributes would be expected to decrease at 
each evaluation stage, allowing quantitative estimates for some of the behaviors of interest as more 
property data become available. To continue with the above example of a high risk, potentially high 
payoff technology, the vulnerability score and number of recommended actions would be expected to 
decrease significantly between these reviews to allow a more informed decision to proceed (or not 
proceed). Note that there is also provision for “off-ramps” prior to a secondary expert review should a 
concept design or specific material demonstrate that it cannot meet the minimum performance 
requirements during the fundamental scoping tests (Step 2a) or core level analysis (Step 2b).  

The convened expert review panel would be comprised of technology experts selected based on their 
knowledge of the technologies under review. This review panel should include experts specializing in 
materials (metals and ceramics), neutronics, thermal-hydraulics, and severe accidents. The totaled 
“benefits” and “vulnerabilities” scores for each technology will result in a ranked, prioritized list of 
candidate technologies. The review panel may choose to develop two ranked lists, one for near-term 
technologies, fitting within the defined 10-year development window, and a second for longer term 
technologies that appear to have a significant benefit at this early development stage but are unlikely to 
meet the defined development timeframe. The number of technologies selected to proceed for additional 
testing and development will be dependent on budget availability. It is anticipated that a few technologies 
will continue development beyond the first expert panel review, but only one or two would proceed 
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beyond the second panel review. Upon completion of Phase 2, a lead test rod or assembly would be 
fabricated for industry testing in a currently operating light water reactor. 

 

 

Figure ES-2. Proposed Accident Tolerant Fuel evaluation methodology. Preliminary concept down-
selection would occur within Step 1 (see step numbers 1-8 noted), with secondary down-selection 
occurring at the end of Phase 1 prior to detailed tests and behavior model development. 
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Table ES-1. Candidate Fuel Screening Attributes Assessment Table  

Performance Regime Performance Attributes 
(For large-scale deployment) 

Expert Opinion 
Assessment 

Recommended 
Actions 

Benefit Vulnerability 
Fabrication/Manufacturability 

Considerations: 
Millions ft of clad/year 
~300 million pellets/year 
Economics - cost of raw materials 
and fabrication process 
Current fabrication plant 
enrichment limits 

Manageable fissile material 
content 

   

Compatible with large-scale 
production needs (material 
availability, fabrication 
techniques, waste, etc.) 

   

Compatible with quality and 
uniformity standards 

   

Licensibility    
Normal Operation and AOOs 

Considerations: 
Overall neutronics 
Linear Heat Generation Rate 
(LHGR) to centerline melt 
Power ramp, ~100 W/m/min 
Reduced flow (departure from 
nucleate boiling, DNB) 
Flow-induced vibrations 
Surface roughness effects 
Safe shutdown - earthquake 
External pressure (~2750 psi, 10% 
above PWR design pressure) 
Axial growth  (less than upper 
nozzle gap) 

Utilization or Burnup (12, 18, or 
24 month/cycle) 

   

Thermal hydraulic interaction    

Reactivity control systems 
interaction 

   

Mechanical strength, ductility 
(beginning of life and after 
irradiation) 

   

Thermal behavior (conductivity, 
specific heat, melting)    

Chemical compatibility (fuel-
cladding) / stability     

Chemical compatibility with and 
impact on coolant chemistry    

Fission product behavior    
Postulated Accidents  
(Design Basis) 

Considerations: 
Prompt reactivity insertion 
Post-DNB behavior (T > 800oC for 
Zr-UO2 system) 
Loss of coolant conditions 
Thermal shock 
Steam reactions (~1000oC +) 

Thermal hydraulic interaction    
Mechanical strength and 
ductility    

Thermal behavior (conductivity, 
specific heat, melting)    

Chemical compatibility/ stability 
(e.g. oxidation behavior)    

Fission product behavior    
Combustible gas production    

Severe Accidents  
(Beyond Design Basis) 

Considerations: 
Thermal shock 
Chemical reactions 
Combustible gas release 
Long-term stability in degraded 
state 

Mechanical strength, ductility    

Thermal behavior (conductivity, 
specific heat, melting) 

   

Chemical compatibility/ stability 
(including high temperature 
steam interaction) 

   

Fission product behavior    

Combustible gas production    

Used Fuel Storage/ Transport/ 
Disposition 

Considerations: 
Handling, placement, and drying 
loads; future reprocessing potential 

Mechanical strength, ductility    

Thermal behavior    
Chemical stability    

Fission product behavior    
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Advanced Fuels Campaign 
Enhanced Light Water Reactor Accident Tolerant Fuel 

Performance Metrics 

11.. IInnttrroodduuccttiioonn  

The safe, reliable and economic operation of the nation’s nuclear power reactor fleet has always been 
a top priority for the United States’ nuclear industry. As a result, continual improvement of technology, 
including advanced materials and nuclear fuels, remains central to industry’s success. Decades of research 
combined with continual operation have produced steady advancements in technology and yielded an 
extensive base of data, experience, and knowledge on light water reactor (LWR) fuel performance under 
both normal and accident conditions. In 2011, following the Great East Japan Earthquake, resulting 
tsunami, and subsequent damage to the Fukushima Daiichi nuclear power plant complex, enhancing the 
accident tolerance of LWRs became a topic of serious discussion. As a result of direction from the U.S. 
Congress, the U.S. Department of Energy Office of Nuclear Energy (DOE-NE) initiated an Accident 
Tolerant Fuel (ATF) Development program. Prior to the events at Fukushima, the emphasis in the fuel 
development activities was on improving nuclear fuel performance in terms of increased burnup for waste 
minimization, increased power density for power upgrades, and increased fuel reliability. 

 After the March 2011 events at Fukushima enhancing the accident tolerance of LWRs became a 
topic of serious discussion. In the Consolidated Appropriations Act, 2012, Conference Report 112-75, the 
U.S. Congress directed DOE-NE to give “priority to developing enhanced fuels and cladding for light 
water reactors to improve safety in the event of accidents in the reactor or spent fuel pools.” Fuels with 
enhanced accident tolerance are those that, in comparison with the standard UO2-zirconium alloy system 
currently used by the nuclear industry, can tolerate loss of active cooling in the reactor core for a 
considerably longer time period during design-basis and beyond design-basis events (depending on the 
LWR system and accident scenario) while maintaining or improving the fuel performance during normal 
operations and operational transients.  

The Fuel Cycle Research & Development (FCRD) Advanced Fuels Campaign (AFC) research, 
development and demonstration (RD&D) effort currently focuses on applications in currently operating 
reactors or reactors with design certifications. New fuel concepts will be evaluated with respect to the 
accident scenarios and specific plant designs for LWRs and fuel fabrication facilities. The candidate 
advanced fuel concepts must also be evaluated within the context of other potential improvements being 
developed to enhance overall safety (e.g., access to emergency cooling water, additional battery power, 
etc.) to fully characterize the impact of the candidate fuels on reactor operations.    

“Metrics” describe a set of technical bases by which multiple concepts can be fairly evaluated against 
a common baseline and against one another. In some cases this may equate to a specific quantitative 
target value for selected properties or behaviors. “Metrics” can also describe a clear technical 
methodology for evaluation that can be used to rank two or more concepts. Because of the complex 
multiphysics behavior of nuclear fuel and the large set of performance requirements that must be met, the 
latter definition is adopted for the current evaluation of candidate accident tolerant fuel options.  This 
report describes a proposed technical evaluation methodology that can be applied to evaluate the ability of 
each ATF concept to meet performance and safety goals relative to the current UO2 – zirconium alloy 
system and relative to one another.  The resultant ranked evaluation can then inform concept down-
selection, such that the most promising ATF design option(s) can continue to be developed toward 
qualification given budget and time constraints.  
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11..11 CChhaalllleennggeess  iinn  DDeevveellooppiinngg  AAcccciiddeenntt  TToolleerraanntt  FFuueell  
Development and qualification of nuclear fuel is a well-established process.  However, due to the 

scientific and engineering challenges associated with nuclear technology, along with the conservative 
approach to adopting new technology, fuel qualification is a long, complicated process. The ATF 
development effort adopts a three-phase approach to commercialization, as illustrated in Figure 1. Each 
development phase roughly corresponds to the Technology Readiness Levels (TRL) defined for nuclear 
fuel development, where TRL 1-3 corresponds to the “proof-of-concept” stage, TRL 4-6 to “proof-of-
principle,” and TRL 7-9 to “proof-of-performance” (INL 2013; Carmack 2014). The draft evaluation 
methodology presented in this document focuses on Phase 1 assessment and down-selection, but it also 
establishes the framework necessary to move a new fuel concept through further development and 
analysis in Phase 2. Each step in the fuel development effort will necessarily consider the requirements 
set out by the Nuclear Regulatory Commission (NRC) to support the fuel licensing effort in planning, 
executing and documenting all phases of the fuel development, including fabrication, experiments, model 
development and validation, etc. 

 
Figure 1. Research, development, and demonstration strategy for enhanced accident tolerant fuel development; an 
estimated timeline for each phase is included. 
 

PHASE 1: Feasibility Assessment and Down-Selection 

Feasibility assessment focuses on obtaining data from initial small-scale and phenomenological 
testing in order to conduct an informed down-selection of concepts.  This work includes activities such as: 
laboratory scale experiments, e.g., fabrication, preliminary irradiation, material properties measurements; 
fuel performance code updates for specific concepts, applying measured property and behavior data; and 
analytical assessment of economic, operational, safety, fuel cycle, and environmental impacts. Fuel 
performance codes will be used during this phase to the degree the relevant fuel and cladding property 
measurements and/or models are available for the various concepts. Analytical assessments will be 
performed during this phase to evaluate promising concepts against the defined attributes for ATF. 
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Within the DOE ATF development efforts, collaboration between DOE, the nuclear industry, utilities, 
and others, including the international community, is an important first step. This phase, led by DOE, 
includes formation of teams made up of the nuclear industry/utilities, national laboratories, universities, 
and international partners.  These teams will work in close coordination to develop and evaluate fuel 
concepts using the evaluation methodology described in this report to allow down-selection of promising 
concepts for further development.  

PHASE 2: Development and Qualification  

During this phase, the fabrication process will expand to industrial scale, and fabrication of lead test 
assemblies (LTAs) or lead test rods (LTRs) will occur. Requirements for LTA/LTR testing will be 
established during the development phase. If the assembly design differs substantially from that of 
currently used UO2 – zirconium alloy assemblies, the qualification will likely require testing of a full 
assembly. If the assembly design is similar to that of the current design, a few LTRs incorporated into a 
fuel assembly containing UO2 – zirconium alloy rods may be sufficient for qualification.  

Test reactor irradiation using long rodlets (about 36-inch-long fuel column) will cover fabrication 
variations, temperature, and linear heat-rate limits. Characterization, post-irradiation examination (PIE), 
and the development of a fuel performance code will be part of the qualification process. Sufficient 
testing must be completed to establish the statistical database.  By 2018 a transient testing capability in a 
water loop will also need to be established. Transient experiments on unirradiated and irradiated rodlets 
will begin in ≈FY 2018 to establish fuel-failure modes and failure margins. 

At the end of this phase, LTRs or LTAs will be fabricated and the safety basis for irradiation in a 
commercial reactor will be completed. The irradiation and subsequent PIE of the LTRs / LTAs will 
complete the demonstration phase for LWR fuels with enhanced accident tolerance. 

PHASE 3: Commercialization 

The commercialization phase entails the establishment of commercial fabrication capabilities and the 
conversion of LWR cores to the new fuel. This phase will primarily be a commercial activity performed 
by industry. 

11..22 CCuurrrreenntt  DDeevveellooppmmeenntt  PPhhaassee  
This LWR ATF guidelines document proposes measurements, tests and calculations necessary during 

the feasibility assessment phase (Phase I) to guide the down-selection among the various ATF concepts 
currently proposed. Beginning with expert guidance on ATF metrics (Braase 2013), a small team from 
across the DOE laboratories has begun to define a technical evaluation approach for accident tolerant 
fuels. Rather than establishing specific quantitative targets for individual performance parameters (e.g. 
thermal conductivity, melting temperature, oxidation resistance, combustible gas production, etc.), these 
guidelines present a common set of technical evaluation measures that can be applied by a panel of expert 
reviewers. In this manner, ATF can be designed to target quantitative improvement in several interrelated 
areas (e.g. reduction in the oxidation rate, or increased fuel and cladding thermal conductivity relative to 
the current fuel system) without being constrained to specific quantitative targets individually for each 
performance parameter. It is possible that improvements in one area may negatively impact other areas of 
performance due to the complex interaction of the various fuel performance parameters; a broad, multi-
variable evaluation approach should be capable of identifying these instances.  

An assessment of the potential beneficial impact or unintended negative consequences of candidate 
ATF concepts must address the obvious “fuel-specific” characteristics of the concept but, perhaps more 
importantly, the assessment must address how implementation of the concept will affect reactor 
performance and safety characteristics. This assessment would include neutronics and thermal-hydraulics 
analyses to ensure that the reactor would operate as intended with the candidate fuel system. Coupled 
thermal hydraulic-neutronic analysis of candidate ATFs is essential to understanding the synergistic 
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impact of the thermal properties and reactivity feedback. Variations in the fuel performance 
characteristics relative to the current UO2 – zirconium alloy system will likely result in variations in the 
manner in which the core is operated under normal and off-normal conditions, such that a core level 
analysis must be completed to assess the overall performance and safety improvements that might be 
offered by a candidate ATF.  

Industry, academia, and the DOE national laboratories are currently investigating multiple ATF 
concepts; various international laboratories and organizations are also developing concepts. The proposed 
technical evaluation methodology can be applied to gauge the ability of each of these concepts to meet 
performance and safety goals relative to the current UO2 – zirconium alloy system and relative to one 
another. A ranked evaluation will enable the continued development of the most promising ATF design 
options given budget and time constraints, with a goal of inserting one (or possibly two) concepts as an 
LTR or LTA in a U.S. commercial LWR by 2022. 

11..33 PPrrooppoosseedd  EEvvaalluuaattiioonn  AApppprrooaacchh  
The proposed evaluation approach independently addresses each “performance regime” of interest, 

including: 

1. Fabrication / Manufacturability (to include Licensibility) 

2. Normal Operation and Anticipated Operational Occurrences (AOOs) 

3. Postulated Accidents (Design Basis) 

4. Severe Accidents (Beyond Design Basis) 

5. Used Fuel Storage / Transport / Disposition (to include potential for future reprocessing) 

If preliminary evaluations suggest that a new concept has the potential to provide technical improvements 
in safety and performance during the operational, postulated accident, and severe accident regimes, the 
economic impact of the concept must be evaluated to determine commercial viability. Economic 
assessment must include potential material and fabrication costs; costs associated with uranium 
enrichment requirements above 5% (must consider costs associated with any required modifications to 
fuel fabrication facilities and associated licenses to accommodate higher enrichment); modifications to 
reactor facility infrastructure; post-irradiation activities (storage, transportation and disposition; 
possibility for future reprocessing); etc. While all new fuel concepts will incur significant qualification 
and licensing costs, they will demonstrate different economics upon commercialization based on per-unit 
costs in addition to the impact on reactor operations and fuel cycle. If all other things are equal between 
the fuels being considered (e.g., cycle length [18 months minimum is suggested], thermal power, fuel 
bundle design), evaluation should include such comparison as mass of 235U per megawatt-day thermal. At 
the end of the feasibility assessment phase a concept will be elevated to TRL 3 or 4, and sufficient 
information should be available to estimate the time and development cost associated with research, 
development and demonstration of a proposed concept to elevate it to TRL 6 by the end of Phase 2. 
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22.. AAcccciiddeenntt  TToolleerraanntt  FFuueell  DDeeffiinniittiioonn  

Enhanced, accident tolerant fuels are defined as fuels that can tolerate a severe loss of active cooling 
in the reactor core for a considerably longer time period than the current UO2 – zirconium alloy fuel 
system, while maintaining or improving the fuel performance during normal operations and operational 
transients. This section defines key ATF attributes and the associated constraints to the development and 
deployment of ATF. The current performance levels for the UO2 – zirconium alloy system, which provide 
a baseline for ATF evaluation, are discussed in detail in Appendix A. The associated Nuclear Regulatory 
Commission (NRC) guidelines for evaluating fuel system performance are also presented, as these 
guidelines provide the framework for the quantitative evaluation of fuel performance. In some cases, the 
existing regulations are specific to the limitations of the UO2 – Zr alloy system. Hence, limits may need to 
be reevaluated in light of the characteristics of the proposed fuel. The NRC is currently exploring 
performance-based, technology-independent regulations that would be more easily applied to new 
concepts. 

22..11 AAttttrriibbuutteess  ffoorr  EEnnhhaanncceedd  AAcccciiddeenntt  TToolleerraanntt  FFuueell  
To mitigate or reduce the consequences of fuel failure due to steam exposure at elevated temperatures 

that may occur during the progression of a severe accident, the attributes identified in the following 
subsections are considered. These attributes provide qualitative guidance for developing fuels with 
enhanced accident tolerance. It may be unnecessary or impossible to improve on all attributes. It is also 
likely that some attributes or combination of attributes will provide meaningful gains in accident 
tolerance, while others may provide only marginal benefits. Additionally, the currently described 
potential consequences of some accident conditions (e.g. hydrogen generation) may be specific to the 
current UO2 – zirconium alloy fuel system. Other fuel and cladding systems could present additional 
effects not expressed here (e.g. generation of CO) that also must be considered in evaluation of the 
proposed system. A brief description of the desired ATF attributes is provided in this section and 
summarized in Figure 2. 

 

 
Figure 2. Major issues that need to be addressed in establishing accident tolerant fuel attributes.  

Fuels with enhanced accident tolerance are those that, in comparison with the standard  
UO2 – Zr system, can tolerate loss of active cooling in the core for a considerably longer 

time period (depending on the LWR system and accident scenario) while maintaining or 
improving the fuel performance during normal operations.   
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Hydrogen Generation Rate (generation of combustible gases) 

Hydrogen production during a severe accident can lead to energetic explosions as seen in the 
Fukushima events. Under a high-temperature steam environment that can result in rapid oxidation of 
cladding, it is not possible to totally avoid hydrogen generation or generation of other combustible gases. 
Important parameters include both the heat of oxidation and the oxidation rate. The result of reducing 
both of these parameters is a decreased rate of gas generation, allowing additional time for mitigation 
strategies to be implemented. If a severe accident is allowed to proceed without mitigation (such that all 
of the cladding material is allowed to interact with the steam) it is likely that any proposed cladding 
option would produce essentially equivalent volumes of hydrogen (Farmer et al. 2014). 

Rapid oxidation of standard zirconium alloy cladding results in prolific hydrogen generation. The 
exothermic nature of the oxidation reaction increases the cladding temperature, which further accelerates 
hydrogen generation. A related issue is the diffusion of free hydrogen into the cladding metal, resulting in 
enhanced embrittlement and potential cladding failure. 

A desirable accident tolerant cladding material would resist oxidation or experience a reduced 
oxidation rate relative to zirconium alloys, thereby resulting in a slower free hydrogen generation rate. 
Materials with lower heat of oxidation may be important in limiting the temperatures during an accident, 
and materials that are less susceptible to hydrogen diffusion may address the rapid embrittlement issue. 
More generally, a desirable accident tolerant fuel system would exhibit a reduced generation rate of any 
combustible gas, such as hydrogen, carbon monoxide, etc.  

Fission Product Retention 

Fission product retention (FPR) is a function of both fuel and cladding properties. Cladding provides 
the initial barrier to fission products in nuclear fuel. Upon cladding failure, retention of the fission 
products (gaseous and solid) within the vessel is required to minimize releases to the environment. Due to 
the potential severity of fission product release to the environment, retention within the fuel is of the 
utmost importance. While total retention may not be possible in the event of a severe accident, even 
partial retention (especially for highly mobile fission products) would provide a substantial safety margin. 

An ATF design goal is to prevent melting or dispersion of the fuel by utilization of high temperature, 
high strength cladding materials that would retain cladding integrity beyond the current limitations of 
zirconium alloy cladding.  Alternately, a desirable concept may have less stored energy due to high 
thermal conductivity, such that the material temperature would remain much lower during both normal 
and accident conditions. Fission product retention techniques or chemically linking the fission products in 
a fuel matrix may also be options, as long as the concepts can tolerate high temperatures. Building 
additional barriers around the fuel to contain fission products (as a backup to containment provided by the 
cladding) have also been envisioned.  

Cladding Reaction with Steam 

Multiple issues need to be considered if cladding is exposed to steam at high temperature during the 
course of a severe accident.  As previously discussed, the high temperature steam interaction with 
zirconium alloy cladding causes an exothermic oxidation reaction and resulting hydrogen generation. In 
addition, this reaction deteriorates the structural integrity of the cladding and could result in subsequent 
fission product release into the reactor vessel. 

Advanced cladding materials should demonstrate enhanced tolerance to radiation under normal 
operating conditions and to oxidation under extreme high-temperature exposure while specifically 
considering mechanical strength and structural integrity at the end of life (at maximum burnup) and when 
exposed to high-temperature steam for an extended duration. Evaluation of ATF concepts should address 
all possible reaction products, noting that oxidation of some of the proposed concepts could result in 
combustible gases other than hydrogen. 
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Fuel Cladding Interactions 

In the event of cladding failure, fuel behavior is important. Key concerns are fuel melting and 
relocation, as well as fuel dispersion into the coolant. Fuel-cladding chemical interactions (FCCIs), fuel-
cladding mechanical interactions (FCMIs) and fuel heating are important properties that must be 
understood during normal operation and accident conditions.  

Advanced fuel designs should consider fuel systems that would experience reduced FCCI and FCMI, 
and have lower operating temperatures and stored energy relative to the UO2 – zirconium alloy system 
(e.g. via increased thermal conductivity).  Higher melting point and structural integrity at high 
temperatures (i.e. less dispersive) are also desired. 

22..22 CCoonnssttrraaiinnttss  oonn  DDeevveellooppmmeenntt  ooff  EEnnhhaanncceedd  AAcccciiddeenntt  
TToolleerraanntt  FFuueell  

The current nuclear power industry is based on mature technology and has a stellar safety and 
operational record. The current UO2 – zirconium alloy fuel system meets all performance and safety 
requirements while keeping nuclear energy an economically competitive, clean-energy alternative. With 
the exception of a few extremely rare events, the current LWR fuel has performed exceptionally well. 
Any new fuel concept proposed for enhanced accident tolerance under rare events must be compliant with 
and evaluated against current design, operational, economic, and safety requirements. The complete fuel 
cycle also must be considered, especially for concepts that represent a significant departure from the 
current technology. Candidate advanced fuel concepts should also be evaluated within the context of 
other potential improvements being developed to enhance overall safety (e.g., access to emergency 
cooling water, additional battery power, etc.) to fully characterize the impact of the candidate fuels on 
reactor operations. A brief summary of the constraints associated with commercial nuclear fuel 
development and deployment is provided below and summarized in Figure 3.  Details on the performance 
characteristics of the current UO2 – zirconium alloy fuel system are included in Appendix A. 

2.2.1 Current LWR Designs  
In order to meet the desired development timeline, advanced fuel and/or cladding concepts developed 

under this initiative must be suitable for use in existing LWRs or reactor concepts with design 
certifications (GEN-III+). Longer term concepts may be considered in conjunction with the near-term 
focus as resources permit. Regardless of whether the actual deployment target is a current or future 
reactor, the fuel is likely to be qualified and initially demonstrated in existing commercial reactors. 
Proposed fuel concepts should not require plant modifications to the host reactor for demonstration 
irradiation and should be as near prototypic as possible. This constraint includes compatibility with 
existing fuel handling equipment, fuel rod or assembly geometry, and co-resident fuel in the reactor.  If 
these advanced fuels are eventually deployed in existing commercial reactors it is likely that they will be 
phased in over multiple reloads and, hence, must be capable of operating in concert with the existing 
reactor fuel. 
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Figure 3. Considerations that constrain new fuel designs. 
 

2.2.2 Operational Considerations  
Before introducing a new fuel into an existing, or planned, reactor system, the potential impact on 

plant operations must be considered. The new fuel system must maintain or extend plant operating cycles, 
reactor power output, and reactor control. Reducing the availability or power output would be disruptive 
to utilities that would not readily accept this change unless the benefits outweigh the lost productivity. To 
maintain current operation, some of the fuel system concepts would require higher fuel enrichment. While 
the impact of higher enrichments is fairly well understood from a technical perspective, regulatory issues 
would have to be addressed both for the fuel fabrication facility and the operating plant, including 
handling, transportation and storage issues. With regard to lead test rod or assembly testing, the operating 
utilities will strongly prefer structure and materials that are similar to the co-resident fuel to ensure that 
there is no impact on the core thermal hydraulics, operating performance or safety.  Utility participants in 
the metrics development meetings have stressed that the primary mission of commercial power reactors is 
to produce electricity for their customers, not to test new fuels. Plant operators should be included in ATF 
feasibility evaluations to ensure that utility concerns are addressed in a satisfactory manner. 

2.2.3 Economic Impacts  
After decades of development and optimization, the UO2 – zirconium alloy fuel system is a 

streamlined technology that accounts for a relatively small percentage of the overall nuclear electricity 
production cost. Any proposed fuel system is unlikely, at least initially, to be able to compete 
economically with the current system. Fuels that require enrichment higher than that of current fuel (about 
4 to 4.5%) are especially likely to cost more because enrichment is a major cost contributor. Increased 
enrichment could additionally require modifications to fuel fabrication facilities and fuel handling / 
transport operations (including license modification). Therefore, it is important to carefully and fully 
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assess the economic impact of the new technology and to determine how much additional fuel cost the 
utilities will accept. As a potential solution, higher burnup (extended cycle with reduced waste and 
reduced refueling cost) and higher power densities (power upgrades) could mitigate some of the impact. 
While focusing on enhanced safety it is imperative to maintain enhanced performance goals as an 
economic consideration.  

2.2.4 Safety Envelope  
Performance of a new fuel system will be compared to the performance of the UO2 – zirconium alloy 

fuel system to assess its accident tolerance. Operational transients and design-basis accidents must be 
considered in evaluating the new fuel system. Specific emphasis will be placed on long-term station 
blackout (LTSBO), loss-of-coolant accidents (LOCAs), and reactivity insertion accidents (RIAs) in the 
proposed analyses. Fuel performance during anticipated transients without scram must also be evaluated 
and must be shown to be similar to or better than the current system. 

For design-basis LOCAs, the U.S. NRC is currently in the process of evaluating the safety envelope 
for high burnup fuels (>45 Giga-Watt-days/metric ton). Because some of the issues are similar to those 
that need to be addressed by proposed new fuel systems, this is an opportunity to closely work with NRC 
on assessment methodologies. 

2.2.5 Fuel Cycle Impacts  
The impact of new fuels and cladding on the front-end of the nuclear fuel cycle must be carefully 

assessed within the framework of current and future regulations and policies. Some of the fuel systems 
that will be considered require higher fuel enrichment. For instance, if an advanced stainless steel 
cladding replaces zirconium-based alloys, the required enrichment could increase by 1 to 2% (referred to 
as the U-235 penalty). On the other hand, very robust fuel forms with multiple layers of containment and 
fission-product barriers (e.g. microencapsulated fuels) could require enrichment up to the low-enrichment 
limit of < 20%. In addition to the economic penalty, higher enrichments would result in lower uranium 
utilization and would have a major impact on the current enrichment and fuel fabrication plants. Higher 
enrichment requirements would be considered a vulnerability to the potential licensing and commercial 
adoption of the proposed fuel system design in the evaluation methodology presented in section 4. 

A new fuel system could also have an impact on the back-end of the fuel cycle. The storage (wet and 
dry) and repository performance of the fuel (assuming a once-through fuel cycle) must not be degraded; 
otherwise, engineering solutions must be augmented during storage and disposal. Over the long term, 
U.S. policy changes to transition to a closed fuel cycle with reprocessing and recycling would require 
evaluation of the impact of the new fuel form on reprocessing, requiring licensing modifications in 
addition to changes in operational procedures and handling equipment. Assessment of the impact of a new 
fuel on potential future fuel cycles should be coordinated with the FCRD Separations and Waste Forms 
Campaign and the Fuel Cycle Options Campaign. 

22..33 NNRRCC  GGuuiiddaannccee  oonn  DDeeffiinniittiioonn  ooff  RReeaaccttoorr  OOppeerraattiinngg  
CCoonnddiittiioonnss  

Figure 4 provides an overview of the NRC guidance for categorizing operating conditions in 
evaluating the performance of the reactor and fuel system to meet the requirements for performance and 
safety.  The more recent NUREG-0800 Rev. 3 (US NRC 2007) event categorization approach defines 
conditions of normal operation as those that are expected to occur once or more during the lifetime of the 
plant, sometimes called Anticipated Operational Occurrences (AOOs). Postulated Accidents are 
unanticipated occurrences that can have consequences of significant radioactivity release that must be 
within off-site dose limits.  In addition to categorizing the reactor conditions by event frequency, reactor 
conditions are also classified by type of event; that is, by the effect on the plant. Beyond normal 
operation, the types of reactor events are generally grouped into seven categories: 
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1) Increase in heat removal by the secondary system (e.g. increase in feedwater flow) 
2) Decrease in heat removal by the secondary system (e.g. loss of external load) 
3) Decrease in reactor coolant system flow rate (e.g. seized pump shaft accident) 
4) Reactivity and power distribution anomalies (e.g. control rod ejection accident; RIAs) 
5) Increase in reactor coolant inventory (e.g. inadvertent emergency core cooling system [ECCS] 

actuation) 
6) Decrease in reactor coolant inventory (e.g. LOCA) 
7) Radioactive release from a subsystem or component (e.g. steam generator tube rupture) 

	  

 
Figure 4. Operating conditions categories for safety evaluation of nuclear power plants. 

 

The operating conditions listed in Figure 4 are used in the design of the reactor systems, structures, 
and components (SSCs) critical to safety.  The events in the figure are generally called the design basis 
conditions and the accidents are referred to as design basis accidents (DBAs).  Acceptance criteria to 
ensure successful operation of the SSCs are defined and safety analyses are used to demonstrate 
compliance with these criteria.  Situations in which key SSCs are inoperable are called severe accidents, 
falling outside the design basis, or sometimes referred to as beyond design basis accident (BDBA) 
conditions.  Severe accidents generally lead to significant core damage, high temperature conditions 
leading to chemical reactions, generation of hydrogen and the release of radioactive fission products into 
the containment. While not normally included in the design of the reactor or fuel systems, severe accident 
conditions are an important element in the review of enhanced accident tolerant fuel concepts. 

The potential impact of different material properties and fuel behaviors on the important characteristics 
or attributes of fuel performance are discussed below using several operational scenarios, each of which 
should be considered in evaluating the potential performance of a proposed fuel design. Specific scenarios 
include: normal operation; two AOOs (loss of coolant flow and reactor overpower); two postulated 
accidents (LOCA, RIA); and two severe accidents (with and without quench).  These scenarios were 
selected to provide the spectrum of initial and boundary conditions defined by the reactor/fuel power 
level; coolant flow rate, temperature, and pressure; and duration of the event that fuel would be expected 
to endure.  The thermal, mechanical, and chemical stability attributes of the fuel must be considered 
throughout the entire spectrum of conditions, not just at select state points (i.e. maximum temperature) 
because of the complex relationships between the properties and these attributes. A short description of 
each operating/accident environment is given below. 

ANSI	  N18.2/ANS 51.1/52.1
Event	  Categorization

NUREG-‐0800 Rev. 3
Event	  Categorization Example	  Events

Category I – Normal Operation and 
Operational Transients

Normal Operation and Anticipated 
Operational Occurrences (AOOs)
(Events expected to occur once or 
more per reactor lifetime)

• Increase in feedwater flow

• Loss of feedwater heater

• Loss of external load

• RCCA withdrawal at power

• Complete loss of forced reactor flow

• Reactor Coolant Pump Shaft 
Break/Seizure

• Control Rod Ejection

• Control Rod Drop

• Small Break LOCA

• Large Break LOCA

Category II – Moderate Frequency 
(once per calendar year)

Category III – Infrequent Incidents 
(once per reactor lifetime)

Category IV – Limiting Faults (not 
expected to occur – consequences 
of significant radioactive release)

Postulated Accidents (not expected 
to occur – consequences of 
significant radioactive release)
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Normal Operation 

Normal operation spans the conditions from beginning of life to fuel discharge.  The power conditions 
during normal operation include reactor startup at the beginning of each cycle, mid-cycle power 
maneuvers, possible load-following, and restart from unplanned outages.  Coolant chemistry conditions 
needed to maintain reactivity control, corrosion control of other components in the primary system, and 
impurities derived from leaching of piping materials can have an impact on the cladding surface, and 
erosion of novel cladding material can impact the coolant chemistry.  Fuel burnup levels required to meet 
current operating strategies are in the 50 to 60 GWd/tU range.  Resident times for the fuel range from 4 to 
6 years.  

Overpower Anticipated Operational Occurrence 

The overpower AOO is a moderate frequency event that occurs as a result of a number of initiating 
conditions, such as loss of feedwater heater or uncontrolled control rod withdrawal at power.  The power 
increase during this event leads to an increase in fuel temperatures, fuel thermal expansion strain, and 
cladding heat flux to the coolant.  The event is terminated by a reactor scram on a high power signal.  The 
fuel performance behaviors of interest during this event are the power to melt ratio for the fuel, the 
cladding fracture strain and the potential for stress corrosion cracking by fission products.  Furthermore, 
the increase in cladding heat flux reduces the margin to departure from nucleate boiling (DNB). 

Decrease in Coolant Flow Anticipated Operational Occurrence 

The decrease in coolant flow AOO is a moderate frequency event when initiated from a reactor pump 
trip and as a postulated accident in the case of a seized pump rotor or pump shaft breakage.  The decrease 
in coolant flow reduces the cladding-to-coolant heat transfer conditions, with a corresponding decline in 
the margin to DNB.  The fuel performance behavior of interest during this event is the potential for post-
DNB heat transfer conditions.  Such conditions cause a significant increase in cladding temperature, 
increased reaction with the coolant water, and cladding collapse.  Rewetting of the cladding by either 
reduction in power (scram) or increase in flow can result in thermal shock loads due to quench. 

Reactivity Initiated Accident Design Basis Accident 

A control rod ejection event in a PWR or a control rod drop event in a BWR are postulated reactivity 
initiated accidents (RIAs) that can lead to prompt reactivity insertion and rapid increase in reactor power 
to many times 100% rated power.  This design basis accident is used to determine the impact of excess 
reactivity within the core on the reactivity worth of a single control rod.  The rapid insertion of reactivity 
during this event causes power pulses that have widths ranging from 10 to 50 milliseconds.  These 
conditions produce near-adiabatic heat up of the fuel material for most of the energy deposition phase.  
Heat conduction from the fuel to the coolant begins during later portions of the power pulse or after the 
power pulse is completed.  As a result, the performance of the fuel during a RIA event can generally be 
viewed as having two phases, a near-adiabatic heat-up phase during the first 10-50 ms (Phase 1) and a 
heat transfer phase (Phase 2). The duration and significance of the heat transfer phase depends on the 
severity of the accident.  A very sharp RIA pulse, such as a prompt critical pulse from a zero power 
condition, will initiate significant heat transfer to the coolant on a relatively short time scale (< 1 second).  
However, the heat transfer phase can also be slower (~ seconds), such as during a sub-prompt critical RIA 
from a full power condition. 

Phase 1 is characterized by the density, heat capacity, conductivity, and thermal expansion of the fuel 
material and the cladding ductility at operating temperature.  The stored energy capacity of the fuel 
influences the fuel enthalpy and temperature rise during the rapid energy deposition that occurs in Phase 
1. During rapid energy deposition, the temperature profile in the pellet follows the radial power profile, 
which is flat for lower burnup fuel and peaked at the pellet surface for higher burnup fuel. At large energy 
depositions, the rapid heat-up of the fuel pellet can cause melting and fragmentation of the pellet, and, 
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potentially, melting of the cladding.  The increase in fuel enthalpy causes pellet thermal expansion and, 
depending on the pellet-cladding gap size, mechanical strain on the cladding. The ability of the cladding 
to accommodate the pellet thermal expansion strain is defined by the material ductility.  The fuel thermal 
expansion stabilizes once heat conduction to the cladding and coolant begins. 

Heat-up of the cladding is the start of Phase 2.  This phase is controlled by the high temperature 
mechanical and chemical response of the cladding.  For large energy depositions, DNB is likely with a 
significant drop in the cladding-to-coolant heat transfer and a corresponding increase in cladding surface 
temperature. After a short period of post-DNB heat transfer conditions, rewetting of the cladding will 
occur, producing thermal shock stresses from quench in the cladding.  Depending on the cladding 
embrittlement level, fracture of the cladding is possible. 

RIA response depends on the worth of the ejected rod, the neutron flux in the core, the reactor 
kinetics parameters, the fuel temperature feedback (Doppler) coefficient, and the heat capacity of the fuel, 
among other parameters.  In contrast to some other accident conditions, which are primarily thermal 
hydraulic, RIA response is holistic and dependent on the synergistic feedback between the reactor 
neutronics and thermal hydraulics. 

Loss of Coolant Accident Design Basis Accident 

The LOCA event is a postulated accident that spans a range of primary system pipe breaks leading to a 
reduction in the coolant inventory.  There are two main LOCA events: the large break LOCA (LBLOCA) 
and the small break LOCA (SBLOCA).  The LBLOCA considers a rupture of a major coolant pipe that 
results in a rapid depressurization of the primary coolant system and uncovering of the reactor core.  The 
LBLOCA causes an increase in the cladding temperature that is controlled by the stored energy of the 
reactor at the initial blowdown and by the decay heat during the reflood phase.  Scram of the reactor 
during the depressurization terminates the energy generation from fission at the initiation of the event.  At 
some point, the emergency core cooling system (ECCS) actuates to provide coolant make-up and reflood 
of the core.   

The response of the fuel in the core during a LBLOCA is used to size and time the actuation of the 
ECCS to ensure compliance with the fuel damage limits specified in Title 10 of the U.S. Code of Federal 
Regulations Part 50.46b (U.S. 2009).  The fuel and cladding experience several important thermal, 
mechanical, and chemical processes during a LBLOCA. These include rapid heating to temperatures in 
excess of 800°C during the blowdown phase. For zirconium alloy cladding, the fuel rod pressure exceeds 
the coolant pressure and rapid thermal creep/plasticity leads to ballooning and burst of the cladding 
between 700 and 800°C.  Prior to core reflood by the ECCS, the decay heat combined with the steam heat 
transfer conditions causes the fuel rod to continue to heat up, with cladding temperatures reaching 
between 1000°C and 1200°C for worst-case assumptions. During this high temperature period the steam 
reacts with the zirconium-alloy cladding, oxidizing the outer surface and generating hydrogen.  Rapid 
thermal quench occurs between 5 and 10 minutes after the oxidation process starts.  The quench process 
produces thermal shock loads that can cause cladding fracture depending on the level of embrittlement 
from oxygen uptake and pre-transient hydrogen content. 

In the case of a SBLOCA, the size of the pipe break limits the depressurization event.  The loss of 
coolant inventory occurs at a slower rate, but the core can still become uncovered, leading to increased 
fuel rod temperatures. The anticipated temperature excursion in a SBLOCA generally remains below that 
of a LBLOCA, but the time at elevated temperature is considerably longer.  A SBLOCA can last between 
30 and 60 minutes before the ECCS system terminates the event. In optimally designing a new fuel 
system it may also be necessary to consider modification to the ECCS design and operation to take full 
advantage of the fuel system properties.  
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Severe Accidents (with and without quench) 

Severe accident conditions include temperature, time, and coolant conditions well above those 
considered in design basis accidents.  The maximum allowable cladding temperature during a LOCA 
event is 1200°C (based on limits for the current fuel system); the fuel material temperature remains well 
below melting due to appropriate actuation of the ECCS. Severe accidents, where heat removal 
capabilities are insufficient to remove the decay heat, can result in cladding temperatures that exceed 
1200°C, the formation of eutectics between the fuel, cladding, control rod and structural material that can 
reduce melting temperatures, and extended duration of poor heat removal conditions for long periods of 
time (> 8 hrs).  Severe accident response could include core reflood with coolant, leading to quench 
(thermal shock loads); alternately, failure to reflood could lead to long times at elevated temperature, fuel 
melting and relocation, and eventual failure of the reactor pressure vessel. 

Station Blackout 

Additional accident scenarios that will be discussed in the preliminary concept evaluations include a 
short-term station blackout (STSBO) and a long-term station blackout (LTSBO). In a STSBO, the reactor 
is shut down via scram, all power is lost and all coolant injection capability is lost at time zero. The 
LTSBO assumes the reactor is shut down via scram, AC power is lost at time zero and DC power 
(batteries) is lost some time into the event (e.g. at 8 hours). During the LTSBO event, the reactor core 
isolation cooling (RCIC) and high pressure coolant injection (HPCI) systems would be available for 
operation until the loss of battery power. For these scenarios, it can also be assumed that the ability to 
inject water via the control rod drive (CRD) pumps (for BWRs), low pressure ECCS pumps (no AC 
power) and diesel driven pumps is also assumed to be lost. A mitigated STSBO (MSTSBO) event can 
also be evaluated. In this case it is assumed that operators are able to inject water through the CRD pumps 
to provide a steady flow of high-pressure water injected into the bottom of the reactor pressure vessel 
(RPV). 

22..44 SSeelleecctteedd  BBaasseelliinnee  AAcccciiddeenntt  SScceennaarriiooss  
It is clear from the discussion of operating scenarios in section 2.3, ranging from normal operation to 

design basis accident conditions, that a large number of fuel and cladding properties become important in 
each of these scenarios. While some scenarios are dominated by thermal hydraulic mechanisms, others 
are more dependent on the feedback between the reactor neutronics and thermal hydraulics. Hence, the 
complete spectrum of mechanical, thermal and neutronic properties of a proposed fuel and cladding 
system must be considered over a spectrum of potential operating conditions to assess the potential 
performance and accident tolerance of the proposed concept. 

Reference transient and accident cases were discussed in detail at an International Workshop on 
Accident Tolerant Fuels for LWRs, as noted in the published workshop proceedings (OECD/NEA 2013). 
There was general consensus reached that station blackout (SBO) is a good reference transient to evaluate 
the potential benefits of new, more robust, fuel designs. Figures of merit in the evaluation of results 
would include “grace time” (the time into the event before the onset of core melt, during which additional 
recovery actions can be made to halt the accident progression), amount of combustible gases produced 
and the potential for release of radioactive material. Although this baseline accident case was identified 
for preliminary analysis, it should be noted that other accident scenarios might be relevant for a complete 
evaluation of the “accident tolerance” of a particular fuel design.  

Two reference severe accident scenarios were selected for reactor performance simulations:  

• Boiling water reactor (BWR) scenario: Fukushima 3 (3-F) 
• Pressurized water reactor (PWR) scenario: Three Mile Island Unit 2 (TMI-2) 
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Analyzing performance of a proposed fuel design relative to a given accident scenario is challenging. 
Initial evaluation might consider performance of a selected concept (or the baseline UO2 – zirconium 
alloy) using the known time-history of the actual event. This approach assumes that, for each fuel system, 
active components, such as pumps, are actuated at the exact same times; coolant levels and coolant 
chemistry are equivalent; etc. However, this approach fails to consider the likely differences in the 
chemistry response of each cladding type during the event. The response of an alternate fuel and cladding 
concept could actually change the environment itself, affecting the progression of the event. Production of 
hydrogen gas, for instance, could modify the natural circulation characteristics in the core, resulting in 
very different cooling conditions between the historical accident case and the considered new fuel case. A 
more complete assessment of accident performance should take these differences into consideration as 
development for a particular fuel and cladding design progresses. 

Sensitivity analyses can provide insight into the relative (beneficial) effects of modifications to 
various fuel and cladding physics parameters, including thermal conductivity, oxidation kinetics, 
combustible gas production, exothermic reactions, fission product retention, mechanical behavior, etc.  In 
evaluating fuel performance and failure probability during a postulated event, it should be recognized that 
the performance is not absolute for a given fuel design, but is instead a complex function of operating 
history (power history, fuel burnup, etc.) and evolution of a given transient (Youngblood and Smith 
2013).
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33.. KKeeyy  MMaatteerriiaall  PPrrooppeerrttiieess  aanndd  BBeehhaavviioorr  CChhaarraacctteerriissttiiccss  

Candidate fuel systems must first hold to the principle of “do no harm,” meaning that the fuels must, 
under all operating conditions, perform at least as well as or better than the current UO2 – zirconium alloy 
fuel system. As discussed in section 2.2, a candidate fuel should preserve or improve upon: 

• Burnup limits / cycle length (while maintaining criticality and fuel performance) 

• Operational parameters (power distribution, peaking factors, safety margins, etc.) 

• Reactivity coefficients and control parameters (shutdown margin, rod worths) 

• Handling, transportation and storage (consideration of fuel isotopics, handling dose, mechanical 
integrity) 

• Compatibility with existing infrastructure (e.g. fabrication facilities, loading, in-core operations, 
post-irradiation handling and storage, etc.; necessary to maintain acceptable economics) 

To be considered for the “accident tolerant” moniker the fuel system must additionally provide improved 
response to AOOs, DBAs (RIA, LOCA, SBO) and BDBAs.  

It is clear that a very large number of properties and performance parameters must be considered in 
fuel development. Fuel performance is the result of a complex system with interaction between the 
components of the fuel, cladding, reactor configuration and protection systems. Fuel system performance 
cannot be evaluated in isolation. Note that some “go / no-go” criteria must necessarily be established for 
any fuel system before defining more specific performance targets. Briefly stated, these include: 

Go / No-Go Criteria 

– The fuel design must meet current LWR constraints without changing assembly thermal-
hydraulics. 

– The fuel must have a quantifiable benefit under accident scenarios (e.g. longer time to onset of 
fuel melt) relative to the current fuel system to be deemed “accident tolerant”. 

– Reactivity feedback coefficients must be similar in magnitude and parametric behavior to the 
reference UO2 – Zr alloy system to ensure backward compatibility in existing reactors. Reactivity 
coefficients for candidate fuels must not reduce the safety of the reactor system or the safety 
margin and should fall within the existing safety envelope for UO2 – Zr fuels. 

• In some cases the calculated moderator temperature coefficients can be slightly positive 
(for current fuel systems) at the beginning of life with high soluble boron concentration. 
It is possible that the moderator temperature coefficient may also be slightly positive for 
some candidate ATFs under similar conditions. 

• Reactivity coefficients that are more negative than the reference UO2 – Zr system may be 
problematic if they interfere with shutdown margin or system stability. 

– The fuel must maintain current cycle length and power output at allowable enrichment levels 
(increased cycle length, number of fuel batches in the core management scheme, and power 
density may be desirable but not required).   

While it may be desirable to improve performance in all areas identified in section 2.1, this likely is 
not an achievable goal. Hence, leading design objectives beyond the stated go/no-go criteria provide 
guidance to fuel design after first applying the practical constraints for use of the candidate design in a 
currently operating LWR. Stated more concisely than in section 2.1, design objectives include: 
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Leading Design Objectives  

1) Maintain or improve upon the thermal, mechanical and chemical properties observed for the 
current state-of-the-art fuel systems. 

2) Provide “accident tolerant” improvements that increase coping time (“grace period”) under severe 
accident scenarios.  

a. Increase the time before the onset of core melt, during which additional recovery actions can 
be made to halt the accident progression. 

b. Reduce the impact of a severe accident by reducing core damage frequency (CDF); maintain 
coolable geometry; reduce combustible gas production as well as the amount of radioactive 
materials potentially released. 

3) Offer the capability for power uprate and increased burnup to allow an economic case to be made 
for adoption of the new fuel system. 

Key fuel system attributes that influence the thermal, mechanical, and chemical performance of the fuel 
system include chemical and dimensional stability, fission product retention, and impact on reactivity 
control systems during normal operation or accident conditions.  The fundamental regulatory criteria for a 
potential accident tolerant fuel are the key reactor safety parameters versus the reference UO2 – zirconium 
alloy fuel system.  These criteria include comparison of lattice and full-core reactivity coefficients, study 
of thermal margin, full-core hot spot and hot channel factors during normal operation (e.g. Fq and FΔh), 
and categorization of potential challenges in fuel management.   

Applicability of existing regulatory limits to the alternate fuel system designs must also be considered. 
It is likely that, for some concepts, reasonable thermal limits will differ significantly from the current UO2 
– zirconium alloy system due to the temperatures at which eutectics might form between the fuel and 
cladding, fuel and cladding melt temperatures, etc. Additionally, recent NRC-sponsored work has 
suggested that the current regulatory acceptance criteria may not be conservative for higher burnup UO2 – 
Zr alloy fuel under postulated LOCA conditions. The work found that embrittlement mechanisms may 
exist that were not considered when the original criteria were established. Hence, the current 17% limit on 
oxidation for zirconium-based cladding may not be adequate to preserve the level of ductility originally 
considered necessary for protection. As a result, a new NRC rule is current being considered. The 
proposed rule “would establish new requirements for zirconium-based alloys to prevent breakaway 
oxidation and account for oxygen diffusion from the oxide fuel pellet during the operating life of the 
fuel… necessary to prevent embrittlement of fuel cladding and to restore the rule to the level of 
reasonable assurance of adequate protection of public health and safety.” [Excerpt from NRC proposed 
rulemaking (Borchardt 2012)]. In short, the expected performance of a particular fuel and cladding must 
be examined under all postulated normal operation and accident conditions throughout its intended 
lifetime (e.g. at high burnup) to ensure that the established limits meet the desired level of protection. 
Limits originally set for zirconium alloys (based on operation to lower burnup than is current industry 
practice) may not be applicable to new fuel designs or to the operation of the current fuel system to higher 
burnup. Effort should be expended to search the regulatory issue space for the limiting case for each fuel 
concept considered (Youngblood and Smith 2013). 

33..11 DDeeffiinniinngg  KKeeyy  FFuueell  aanndd  CCllaaddddiinngg  PPrrooppeerrttiieess  aanndd  BBeehhaavviioorr  
Key fuel system properties fall roughly into the categories of Thermal, Mechanical, Chemical and 

Neutronic. Some of the key properties in each of these categories, and a brief summary of their desired 
trends relative to the current system or their relative impact are listed below. 
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Fuel Thermal Properties: 

1. Melting Point, Tmelt 
Higher is preferred; important under RIA and LOCA conditions 

2. Thermal Conductivity, k 
Higher is preferred; may impact DNB under loss of flow conditions; controls rate of stored 
energy release during a LOCA; as k increases fuel temperature profile flattens, providing further 
margin to melt under severe accidents and increasing the ability to retard Zr oxidation (acts as an 
effective heat sink) 

3. Density * Specific Heat, ρCp 
Controls initial stored energy at onset of LOCA; may impact DNB under loss of flow conditions 
(needs study) 

4. Diffusivity 
Higher is preferred; controls rate of stored energy release during a LOCA; may impact DNB 
under loss of flow conditions (needs study) 

5. Coefficient of Thermal Expansion, CTE 
Lower is preferred; important under overpower conditions 

Fuel Mechanical Properties: 

1. Yield Strength 
Lower is preferred; important under AOO conditions due to relationship to swelling 

2. Toughness 
Higher is preferred; important under AOO conditions due to relationship to swelling; high 
toughness desirable during LOCA and severe accidents for mechanical stability and integrity to 
be preserved 

3. Creep Rate 
Prefer rapid creep during normal operation; important under AOO conditions due to relationship 
to swelling; more ductile fuel is less likely to breach cladding during RIA 

4. Modulus of Elasticity 
Structural rigidity required during normal operation; important under AOO conditions due to 
relationship to swelling 

Fuel Chemical Properties: 

1. H2O Reactivity 
Lower is preferred; if cladding is breached due to LOCA or severe accident, fuel interaction with 
H2O is very important 

2. Clad Compatibility 
No adverse reactions between fuel and cladding under normal conditions; fuel and cladding in 
contact can react during AOOs, LOCA or severe accidents 

3. Phase Stability 
Detrimental phase change and formation should be avoided under all conditions; phase stability 
during RIA only a concern at high burnup 

4. Fission Product Chemistry 
New concepts should retain fission products as well as UO2 
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Fuel Neutronic Properties: 

1. Fissile Density 
Higher is preferred 

2. Cross Sections 
Desire high fission cross section, low parasitic absorption  

3. Reactivity Feedback Coefficients  
Similar in magnitude and parametric behavior to the reference UO2 – Zr alloy system  
(see go / no-go criteria above for details) 

“Other” Fuel Properties: 

This general category allows one to capture aspects of fuel design and development that are not as 
easily classified or tied to a specific quantitative value but are equally important as those above. 

1. Manufacturability 

2. Transportability 

3. Toxicity 

4. Control Rod Compatibility 

5. Reprocessing Potential 

6. Proliferation Potential 

Cladding Properties of Interest: 

1. Cladding thermal conductivity  
Higher is preferred 

2. Cladding mechanical properties  

a. Low pellet-clad mechanical interaction (PCMI) 

b. High strength 

c. High ductility 

d. No fission gas release under normal operation 

e. Minimal fretting wear 

3. Chemical compatibility  
Cladding must be compatible with coolant and fuel (pellet-clad chemical interaction [PCCI]) 

4. Cladding neutron cross-sections  
Low parasitic absorption, activation 

Each of these properties impacts the overall fuel performance across the various operating regimes that 
will be considered in evaluating a particular concept, as will be discussed in section 4. 

All of these categories are important in understanding the anticipated performance under normal 
conditions and the potential enhanced accident tolerance of a specific design option. Quantification of 
target values for the various attributes/properties is extremely challenging due to the interrelationship 
between the properties. Rather, it is important to consider the integrated effects of the material properties 
of any particular advanced fuel design. These integrated effects become evident via analyses that consider 
the impact on the overall system; further discussion on a recommended analysis progression is provided 
in section 4. 
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In some cases standardized test procedures endorsed by the American Society for Testing and 
Materials (ASTM) can be used to characterize the materials of interest. However, for some materials, 
there are no existing standards to evaluate their applicability for nuclear service. It may be necessary to 
support the development of such standards in the course of ATF development and experimental 
evaluation or rely on existing regulatory limits. For instance, ASTM standards are not available for 
nuclear fuel. There are, however, standard characterization tests and NRC regulatory limits placed on 
hydrogen and moisture content in the fuel material. Many of the existing requirements for the UO2 – 
zirconium alloy system are discussed in Appendix A. Note that any proposed rulemaking currently under 
review by the NRC should also be considered (Borchardt 2012). 

The following sections provide discussion of an analysis framework (section 4), proposed 
characterization tests (section 5) and selected properties for which preliminary sensitivity analyses have 
been conducted (see section 6).  This selection of initial sensitivity studies does not imply that other 
properties are insignificant in the evaluation of fuel and cladding concepts, but provides insight into the 
impact of some of the key properties of interest. Discussions on the impact of two key properties, fuel 
thermal conductivity and cladding oxidation behavior, are included below. 

33..22 FFuueell  TThheerrmmaall  CCoonndduuccttiivviittyy    
Under transient conditions, design criteria are put in place to limit core damage and maintain a 

controllable and coolable geometry in the core under DBA scenarios. As previously discussed for a loss-
of-coolant accident, the existing design criteria limits the peak cladding temperature to below 1204°C as 
well as the maximum thickness of the cladding converted to oxide as a result of reaction with steam 
(currently to less than 17% of the cladding wall thickness for the zirconium alloy – UO2 system; see U.S. 
NRC [2012] for proposed rulemaking that would change this criteria). 

The thermal conductivity of UO2 determines the temperature gradient and controls heat transfer across 
the UO2 pellet in LWR fuel. Its magnitude is of interest since it impacts, while in turn being affected by, 
thermal-hydraulic and neutronic phenomena that govern reactor operation. By affecting the temperature 
profile, thermal conductivity influences the mechanical and thermodynamic state of the fuel pellet, in 
addition to affecting reactivity via Doppler broadening. Design requirements limit the maximum fuel 
centerline temperature to avoid excessive fission gas release under normal operating conditions and 
incipient melting under transient scenarios. An increase in the fuel thermal conductivity (and/or a 
reduction in the fuel pellet diameter) will reduce the peak fuel temperature at constant assembly power. 
The stored energy in the fuel is inversely proportional to the fuel thermal conductivity. Evaluation of 
performance sensitivity to the fuel thermal conductivity allows insight to the effect of stored energy in the 
fuel (viz. directly related to the temperature gradient across fuel pellets) on the thermal hydraulic response 
of the core. Note that while increased thermal conductivity is generally desirable, it will reduce the 
change in temperature that is observed in accident scenarios.  This results in reduced negative Doppler 
feedback, which for some transients/accidents is key to limiting the power increase. This example 
illustrates the potential impact of considering fuel and cladding properties in isolation. The impact of 
improvements in one property must be weighed relative to the effect(s) on other properties. 

Section 6 presents TRACE analysis results that illustrate the effect of enhanced fuel thermal 
conductivity on fuel temperature evolution in both a PWR and BWR during a LBLOCA. Full-core 
simulations were performed with fuel thermal conductivity at nominal and arbitrarily increased values. In 
this manner, the effect of thermal conductivity on the fuel temperature rise during an applied transient can 
be analyzed and compared across the two reactor platforms (see Terrani et al. [2013] for detailed 
analysis). 
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33..33 CCllaaddddiinngg  OOxxiiddaattiioonn  BBeehhaavviioorr  
Candidate “accident tolerant” cladding materials should illustrate greater stability than zirconium 

alloy cladding (Zircaloy-2, Zircaloy-4, ZIRLO, M5, as applicable) in steam environments, and provide 
the potential for greater structural stability during severe accidents. Researchers have studied the 
oxidation behavior of various materials in steam and oxygen, and some materials have been found to have 
corrosion behavior that differs substantially. Key parameters of importance in the oxidation behavior of a 
material include the exothermic (or endothermic) nature of the reaction, the oxidation rate, and the 
products of oxidation, including both gaseous products (potentially combustible) and oxide products that 
often form a scale on the surface of the material. The diffusion rate of oxygen or water vapor through this 
oxide layer is also important, as it may temporarily protect the underlying material. 

Section 6 presents MELCOR analysis results for candidate accident tolerant cladding materials 
applied in both PWR and BWR accident scenarios. Complete details on the oxidation behavior of some of 
the candidate cladding materials are still being defined experimentally. Hence, an additional parametric 
study was performed to predict the effect of changing the cladding oxidation rate by a factor of 10. Such 
parametric studies should also be completed for variation in the heat of oxidation to better understand the 
properties that drive the cladding behavior under severe accident conditions. 

33..44 IInntteerraaccttiioonn  ooff  KKeeyy  PPrrooppeerrttiieess  
It should be noted that while sample parametric studies for fuel thermal conductivity and for cladding 

oxidation rate have been performed to date (example results presented in section 6), these are not the only 
properties that should be considered in designing and selecting accident tolerant fuel and cladding 
materials. Additional fuel and cladding properties are likely to play key roles depending on the specific 
materials being assessed. The complex nature of the interaction between the various fuel and cladding 
properties and behaviors must be characterized via systems analysis under normal and off-normal 
conditions. Adopting a fuel technology with completely different vulnerabilities than the current fuel 
technology (i.e. ceramic vs. metallic cladding) would presumably be predicated, in part, on the adoption 
of different limiting conditions of operation. These differences would be expected to impact the 
sensitivity of the system to changing a selected property or behavior. Ideally, a new fuel system would 
allow for optimization of all plant systems (e.g. emergency core cooling system, coolant chemistry 
control, etc.), and a fair comparison of technologies would require such optimization of ancillary plant 
systems in addition to changing the fuel. Optimization of the plant adopting the new fuel system would be 
expected to some extent (at least with regard to operations), but is considered to be beyond the scope of 
these initial screening analyses intended for down-selection of ATF concepts. 

A proposed analysis framework for ATF is presented in section 4 and sample calculations are 
included in section 6. 
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44.. EEvvaalluuaattiioonn  ooff  AAcccciiddeenntt  TToolleerraanntt  FFuueell  DDeessiiggnnss  

Design of an advanced fuel system demonstrating enhanced performance and safety relative to the 
current fuel system first requires understanding of the current state-of-the-art fuel system performance 
under the various system operating regimes. The performance of the current UO2 – zirconium alloy fuel 
system and the current life limiting challenges and abilities are summarized in Appendix A. The current 
section presents a proposed evaluation and screening methodology to allow ranking and down selection of 
concepts. Scoping analyses are followed by more detailed analyses for those concepts that pass through 
the initial down selection. Results at each stage of analysis will have decreasing levels of uncertainty 
(increasing accuracy) as additional data are gathered to support the development of behavioral models for 
a particular concept. Results will allow for comparative ranking of candidate fuel system designs, relative 
to the existing fuel system and to one another, at differing levels of detail, enabling down-selection for 
further development of one or more concepts toward qualification.  

Beginning with the qualitative guidance on ATF discussed in section 2, a small team from across the 
DOE laboratories has defined a technical evaluation approach for accident tolerant fuels. An assessment 
of the potential beneficial impact or unintended negative consequences of candidate ATF concepts must 
address the obvious “fuel-specific” characteristics of the concept. However, the assessment must also 
address how implementation of the concept will affect reactor performance and safety characteristics. 
This includes coupled neutronics and thermal-hydraulics analyses to ensure that the reactor would operate 
within the established performance and safety envelope.  

44..11 AATTFF  EEvvaalluuaattiioonn  aanndd  SSccrreeeenniinngg    
A preliminary approach to advanced fuel evaluation for enhanced accident tolerance is presented in 

Figure 5. The steps described in Figure 5 address the full scope of activities that must be considered in 
evaluating the feasibility of candidate ATFs.  Carrying out all the indicated steps can require significant 
investment of time and resources, but each of these steps needs to be executed at the appropriate point in 
concept development. The fidelity or level of detail involved depends on the maturity of a concept; down 
selection is necessary to focus limited resources on concepts that have a greater chance of success.  
During the “screening” stage that is performed for all proposed concepts (Step 1, as numbered in 
Figure 5), the level of detail associated with analyses will be limited, based on the current state of 
knowledge for the selected concept. The level of detail may range from literature reviews and expert 
judgment through limited experiments and computational analyses. The goal is to have sufficient 
confidence in the results of the assessment (with a reasonable investment of time and resources) that 
identified changes relative to the reference UO2 – zirconium alloy fuel system are known well enough to 
proceed with continued development of the concept, or conclude that the concept should be modified or 
abandoned. Note that concepts may be proposed and developed by national laboratories, industry, or 
academic institutions. Regardless of the concept origin, the leading ATF design would be transferred to 
industry for ultimate commercialization in Phase 3. Regulators should be engaged early in the 
development process to ensure that the characterization and testing data developed through Phase 2 will 
be appropriate for future licensing. 

For further description of the corresponding fuel technology readiness levels (TRL) related to 
Figure 5, see Technology Readiness Levels for Advanced Nuclear Fuels and Materials Development 
(Carmack 2014). Roughly speaking, the “Feasibility” phase, noted as Phase 1 in the figure, corresponds to 
TRL 1-3; the “Development and Qualification” phase, Phase 2, corresponds to TRL 4-6; and the 
“Commercialization” phase, Phase 3, corresponds to TRL 7-9. 
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Figure 5. Proposed Accident Tolerant Fuel evaluation methodology. Preliminary concept down-selection would 
occur within Step 1 (see step numbers 1-8 noted), with secondary down-selection occurring at the end of Phase 1 
prior to detailed tests and behavior model development. 
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4.1.1 Phase 1: Feasibility Assessment 
Step 1, Preliminary Screening, describes the preliminary screening analyses that candidate designs 

will be subjected to in order to assess their performance under normal conditions and potential 
enhancements to safety under DBA and BDBA conditions in a generic PWR or BWR application. These 
preliminary analyses would apply existing materials data, fabrication experience, and cost data. Gaps in 
this data are likely, requiring assumptions to be made for some of the pertinent details. Scoping analyses 
are expected to have relatively large uncertainty bands and should not be applied to specific design 
activities. The purpose in these analyses is to eliminate proposed designs that are not likely to improve 
upon the current UO2 – zirconium alloy fuel system and, hence, do not warrant additional investment. 
Proposed designs demonstrating promise as accident tolerant fuel candidates via an initial Expert Panel 
Review would then be recommended for additional scoping tests and property measurement (Step 2a) to 
assess the concept viability, followed by more detailed characterization and testing to fill the data gaps as 
necessary to develop applicable behavioral models. Considerations for the Expert Panel are summarized 
in Table 1, which is discussed further in section 4.1.3. 

Following the initial Expert Panel Review, Step 2, (a) Fundamental Scoping and (b) Preliminary 
Performance & Safety Assessment includes both preliminary experimental characterization and evaluation 
(Step 2a) and preliminary core level analyses to determine the potential impact of a proposed design on 
core neutronics and thermal hydraulics under normal operating conditions (Step 2b). Step 2b additionally 
includes scoping analyses for a limited set of bounding transients and accident scenarios to confirm that a 
proposed concept will provide benefits in coping time, accident consequences, etc. relative to the current 
fuel system. At the culmination of Phase 1, concepts will be elevated to TRL 3 or 4 and sufficient data 
and experience should be available to inform a preliminary estimate of the effort required in terms of time 
and budget to advance a concept through Phase 2 development to TRL 6. Assuming that a selected 
concept makes it through the second Expert Panel Review (“Decision to Proceed”) following Step 2, 
focused development and qualification-related activities would commence. 

4.1.2 Phase 2: Development and Qualification Activities 
For those concepts advancing past the second Expert Panel Review, additional data would be 

collected via both out-of-pile measurements and irradiation testing (Step 3). This data would be used in 
advanced behavioral models (Step 4) necessary to perform more detailed fuel performance and core-level 
analyses for normal and off-normal conditions at higher fidelity (reduced uncertainty) than the scoping 
analyses in Step 2b allowed. The enhanced behavioral models would then be applied in a more detailed 
system analysis (Step 5) intended to evaluate the specific concept under normal and accident conditions 
with a reduced uncertainty relative to what was possible earlier in the development (Steps 2a/b); results of 
this analysis would feed into the Step 6 decision point regarding the level of accident tolerance of a 
particular concept, and performance of any remaining calculations to establish confidence in the design 
prior to insertion as a lead test rod in Step 8 and Phase 3 Commercialization activities. 

Step 7, Constraints Analysis, would be performed during Phase 2 in parallel with characterization, 
testing and model development. This step encompasses evaluation of the economics associated with the 
proposed fuel system (covering the complete fuel life cycle); challenges to fuel fabrication at the 
enrichment level determined by neutronics analysis; and potential fabrication challenges that could arise 
when ramping up production to quantities necessary for full-scale deployment in the operating LWR fleet. 
Preliminary engagement of regulators should also occur in parallel with Phase 2 to aid future licensing 
activities. 

4.1.3 ATF Candidate Screening 
Table 1 is a proposed screening table for the Expert Panel Review of candidate fuel systems. The 

attributes defined in the table correspond to a complete fuel system (fuel plus cladding) over the entire 
fuel life cycle (fabrication – operation – used fuel management). The listed attributes are intended to 
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apply to both PWR and BWR plants, although some of the noted “Considerations” include constraints 
that are specific to one system or the other. This table is designed to be applicable to a candidate fuel 
system at all stages of development. The design and development team for a candidate fuel system would 
be expected to rely on preliminary analyses and scoping studies performed as a part of the initial 
technology selection to inform the initial Expert Panel Review, which may include significant uncertainty 
in some areas. As more data becomes available, the detailed performance attributes included in the table 
will be refined, reducing the uncertainty in the estimated performance assessment. 

The Expert Panel Review Committee will provide independent assessment of the technology 
feasibility for near term research and development of candidate ATF design concepts and prioritization of 
those concepts. Table 1 will aid the review committee in ranking the potential performance of multiple 
concepts across the fuel life cycle and range of potential operating conditions. The reviewed concepts 
may be at varying stages of development; it is unlikely that any of the concepts will have been fully 
characterized upon commencement of the review. The goal for the initial committee review is to have 
sufficient confidence in the assessment results to either proceed with continued development of the 
concept, or to conclude that the concept should be modified or abandoned. 

Table 1 is designed to identify “Benefits” and “Vulnerabilities” for each concept. The candidate fuel 
system should be ranked within each category on a scale of 0 to ±5. A score of “0” would indicate no 
notable change from the current UO2 – zirconium alloy system; i.e. evaluation of UO2 – Zr would result in 
an overall score of 0 for both benefits and vulnerabilities. A score of “+5” in the benefits column would 
indicate a significant benefit/improvement relative to the current system; a “-5” in the vulnerabilities 
column would indicate a significant data gap or potential issue for the indicated performance attribute. A 
“vulnerability” could be a known operational vulnerability that results from a particular fuel system 
behavior or requirement, such as low melting temperature, or an attribute could be scored with high 
vulnerability based on unknown performance for a selected parameter. If a specific property or behavior 
has not yet been measured or tested (or if it is not known conclusively), this would correspond to higher 
vulnerability and should be scored as such. For attributes that are currently unknown or assumed, 
recommended actions should then be noted by the Review Panel.  

Scoring of benefits and vulnerabilities is inherently subjective in nature. The purpose in establishing a 
range of possible scores from 0 to ±5 is to allow for more discretization by the review committee that will 
be necessary in ranking the various concepts. Scoring of benefits and vulnerabilities separately ensures 
that technologies can easily be parsed into categories of moderate benefit – low risk; moderate benefit – 
high risk; significant benefit – low risk; and significant benefit – high risk. Selection of the panel 
members based on significant expertise in one or more areas relevant to fuel and reactor performance will 
be critical to development of an accurate review of all proposed concepts. It is not expected that any one 
reviewer would have expertise in all necessary areas. 

If a decision is made to continue development to Steps 2a/b despite noted vulnerabilities, any 
recommended actions should be resolved before convening the second Expert Review Panel that would 
be tasked with ranking the remaining candidate technologies (shown between Phase 1 [Steps, 1, 2a/b] and 
Phase 2 [Steps 3-7]) based on both perceived benefits and remaining vulnerabilities. Concepts that are 
further in their development may have already completed elements listed in Steps 2a/b prior to the initial 
Expert Panel Review, while others may have larger uncertainties associated with the expected fuel system 
behavior. The former case would have fewer recommended actions, while the latter may have more 
recommended actions necessary to reduce uncertainty in the performance estimates. 
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Table 1. Candidate Fuel System Attributes Assessment Table 

Performance Regime Performance Attributes 
(For large-scale deployment) 

Expert Opinion 
Assessment 

Recommended 
Actions 

Benefit Vulnerability 
Fabrication/Manufacturability 

Considerations: 
Millions ft of clad/year 
~300 million pellets/year 
Economics - cost of raw materials 
and fabrication process 
Current fabrication plant 
enrichment limits 

Manageable fissile material 
content 

   

Compatible with large-scale 
production needs (material 
availability, fabrication 
techniques, waste, etc.) 

   

Compatible with quality and 
uniformity standards 

   

Licensibility    
Normal Operation and AOOs 

Considerations: 
Overall neutronics 
Linear Heat Generation Rate 
(LHGR) to centerline melt 
Power ramp, ~100 W/m/min 
Reduced flow (departure from 
nucleate boiling, DNB) 
Flow-induced vibrations 
Surface roughness effects 
Safe shutdown - earthquake 
External pressure (~2750 psi, 10% 
above PWR design pressure) 
Axial growth  (less than upper 
nozzle gap) 

Utilization or Burnup (12, 18, or 
24 month/cycle) 

   

Thermal hydraulic interaction    

Reactivity control systems 
interaction 

   

Mechanical strength, ductility 
(beginning of life and after 
irradiation) 

   

Thermal behavior (conductivity, 
specific heat, melting)    

Chemical compatibility (fuel-
cladding) / stability     

Chemical compatibility with and 
impact on coolant chemistry    

Fission product behavior    
Postulated Accidents  
(Design Basis) 

Considerations: 
Prompt reactivity insertion 
Post-DNB behavior (T > 800oC for 
Zr-UO2 system) 
Loss of coolant conditions 
Thermal shock 
Steam reactions (~1000oC +) 

Thermal hydraulic interaction    
Mechanical strength and 
ductility    

Thermal behavior (conductivity, 
specific heat, melting)    

Chemical compatibility/ stability 
(e.g. oxidation behavior)    

Fission product behavior    
Combustible gas production    

Severe Accidents  
(Beyond Design Basis) 

Considerations: 
Thermal shock 
Chemical reactions 
Combustible gas release 
Long-term stability in degraded 
state 

Mechanical strength, ductility    

Thermal behavior (conductivity, 
specific heat, melting) 

   

Chemical compatibility/ stability 
(including high temperature 
steam interaction) 

   

Fission product behavior    

Combustible gas production    

Used Fuel Storage/ Transport/ 
Disposition 

Considerations: 
Handling, placement, and drying 
loads; future reprocessing potential 

Mechanical strength, ductility    

Thermal behavior    
Chemical stability    

Fission product behavior    
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The assessment table attempts to list key considerations under each performance regime, and the 
associated performance attributes for those regimes. This list is not exhaustive, but is intended to identify 
the major contributors/considerations to the identified regime. Some of these items may need to be 
modified for particular plant designs. In the absence of a specific plant design, which would include 
details of emergency response systems applicable to accident performance, these assessments must be 
made on a general basis. As discussed in section 3, some “go / no-go” criteria must be met prior to 
completing the more detailed assessment. A concept that fails to meet one of these criteria would be 
omitted from further consideration. For example, a fuel enrichment requirement of 20% or higher (above 
the low enriched uranium [LEU] limit), as determined by neutronic calculations, would be “no-go.” This 
equates to a vulnerability that cannot be overcome, hence removing the concept from consideration. A 
required enrichment of 5-20% would be assigned an increasing vulnerability as the enrichment 
requirement increases (i.e., 19.9% ! vulnerability of -5). 

44..22 PPhhaassee  11  BBaassiicc  CCoorree  LLeevveell  AAnnaallyyssiiss    
An assessment of the potential impact(s) of candidate ATF concepts must address how 

implementation of the concept will affect reactor performance and safety characteristics during each 
operational regime defined in Table 1. Assessments performed in Step 2 would include the following 
elements: 

• Neutronics Analyses: These analyses can often be performed initially at the fuel-assembly level 
(especially for PWRs) using the linear reactivity model (or an appropriate enhancement) to 
estimate resulting cycle length and discharge burnup as a function of the number of batches in the 
fuel management scheme, power peaking, etc., and to provide estimates of reactivity and control 
coefficients relative to the reference UO2 configuration.  Monte Carlo codes such as MCNP and 
Serpent can also be applied at both the assembly and core levels; TRITON/CASMO/HELIOS 
could be used for lattice physics calculations.  The Monte Carlo codes provide results that are 
essentially benchmark quality and are constrained only by the available nuclear data and the 
geometric detail and statistics employed in the modeling.  In principle they can be coupled to 
thermal-hydraulic analyses to include feedback effects; however, a significant penalty in 
computational efficiency must generally be addressed in these cases. 

Ultimately, core-level analyses are required to assess the potential benefits, as well as any 
negative aspects, associated with the implementation of a specific concept.  In addition to serving 
the initial screening function described above, the assembly lattice level analyses provide the 
nuclear data (e.g., neutron cross sections, etc.) for subsequent full-core analyses with 
deterministic (typically nodal diffusion) three-dimensional core simulator codes. These full-core 
analyses, performed using tools such as PARCS (Downar et al. 2012, 2013), include thermal-
hydraulic feedback and can be used to evaluate the time-dependent response of the reactor under 
transient/accident conditions.  Both the thermal properties and the reactivity coefficients will 
change relative to the reference UO2-Zr alloy system.   

Coupled thermal hydraulic-neutronic analysis of candidate ATFs is essential for understanding 
the synergistic impact of the thermal properties and reactivity feedback.  

• Thermal-Hydraulic Analyses:  These analyses can also be performed at the assembly or core 
levels for steady-state estimates of the Departure from Nucleate Boiling Ratio (DNBR) or 
Minimum Critical Power Ratio (MCPR).  Codes that can be used for these analyses include 
VIPRE and COBRA. 

• Fuel Performance:  See section 4.3 for detailed description. 
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Successful completion of initial candidate ATF concept screening will optimally address the desired 
objective of evaluating the potential that a proposed concept can at least have equivalent performance to 
the current UO2 – Zr alloy fuel.  The decision point following the core-level screening analysis (Step 2b) 
will provide a preliminary assessment of the potential performance and safety benefits of the proposed 
ATF to address the over-arching question: What do I gain if I implement a particular concept? 

Assessment of the potential safety benefits should address the full spectrum of reactor 
accidents/transients up to and including Beyond Design Basis Accidents, as summarized in section 2.3.  
This phase of the feasibility assessment would include the full spectrum (or an appropriate subset) of the 
accidents in Chapter 15 of a standard Safety Analysis Report. Selected accidents were identified in 
section 2.4 only for preliminary assessment and down selection. Assessment could be performed by a 
systems analysis code such as TRACE or RELAP, where the detailed behavior of the reactor core does 
not need to be explicitly modeled, or using a coupled PARCS/TRACE simulation where the three-
dimensional core response is evaluated with PARCS, and TRACE provides the balance-of-plant boundary 
conditions for the detailed simulation of transients/accidents where a detailed model of the core behavior 
is necessary. 

A key aspect/objective/constraint of the feasibility assessment (Step 1) with respect to these reactor 
performance and safety characteristics is the necessary level of sophistication for these analyses 
(recognizing that development of an actual core design for a particular ATF concept requires a significant 
investment of resources). The results of the screening analysis should be of sufficient reliability to 
provide confidence that the conclusions are "actionable." This requirement essentially establishes a 
minimum uncertainty band on the scoping analyses to ensure that further development efforts for a 
selected design are focused, justified and would be expected to yield benefits with respect to the 
established criteria. 

Key core-level operational considerations for normal operation include cycle length, reactivity 
coefficients, core power distribution, and thermal margins. Performance must be maintained relative to 
the current fuel system with regard to the following factors: 

• Burnup and cycle length (ensure criticality, maintain or improve fuel performance) 

• Operations (power distribution, peaking factors, margins, thermal hydraulics, etc.) 

• Reactivity coefficients and control (shutdown margin, rod worth) 

• Handling, transportation, storage (fuel must be able to endure these activities) 

Each of these factors is integral to the pragmatic and economic application of a new accident tolerant fuel.  
The key question about any potentially accident tolerant fuel is:  Does the fuel enhance accident 
performance while satisfying operational constraints, and while maintaining compatibility with existing 
infrastructure? 

Thus, a key component in the core-level analysis of an ATF concept is the corresponding analysis of 
the resultant reactor system.  For each accident tolerant fuel, the impact on the following performance 
characteristics must be understood at a given state-point and as a function of burnup:  

• Steady-state core power, neutron flux distribution, fuel management challenges 

• Reactivity coefficients, control parameters 

• Delayed neutron parameters (βeff, λi), neutron lifetime  

• Hot channel factors, hot spot factors, thermal margins 

• DNBR and MCPR 

• Criticality safety 
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These assessments are covered by the “considerations” and “performance attributes” summarized in 
Table 1. Several available tools may be relevant to these analyses.  Lattice-level tools include components 
of the SCALE package, such as TRITON/NEWT (ORNL 2011).  Reactor core analysis can be performed 
using well-established regulatory-grade tools, such as the state-of-the-art PARCS core simulator (Downar 
et al. 2012, 2013).  

The fundamental regulatory criteria for a potential accident tolerant fuel are the key reactor safety 
parameters versus the reference UO2 – Zr alloy fuel system.  These parameters include comparison of 
lattice and full-core reactivity coefficients, study of thermal margin, full-core hot spot and hot channel 
factors during normal operation (e.g. Fq and FΔh), and categorization of potential challenges in fuel 
management.  Applicability of the existing thermal limits must also be considered. An example core-level 
analysis using this approach for several arbitrary ATF concepts is provided in section 6.1. Section 6.2 
presents results of a sensitivity study performed to assess the impact of modifying one of the identified 
key fuel parameters (fuel thermal conductivity) as an example of a scoping study that might be performed 
within Step 2a in Figure 5. 

44..33 PPhhaassee  22  DDeettaaiilleedd  AAnnaallyyssiiss  
Following the second Expert Panel Review, more detailed testing and characterization is proposed to 

inform development of behavioral models necessary to conduct detailed systems analysis (Step 5) to 
better assess the potential performance of enhanced accident tolerant fuel concepts. Detailed property 
measurements and characterization data will reduce the uncertainty that would be present in the 
preliminary scoping analysis.  The detailed concept review attempts to eliminate bias to UO2 – Zr alloy 
designs.   

• Step 3: Materials Properties and Characteristics 
Following the screening analysis for basic material viability (Steps 1-2), more detailed 
measurement of materials properties and characteristics is necessary to perform a fuel 
performance calculation for those concepts that will be investigated beyond the initial down 
selection.  Most of the necessary properties were described in section 3.   

• Step 4: Behavior/Phenomenological Response 
Several behavioral models that are required to perform a fuel performance simulation are 
developed.  These models will include the material properties previously described, which will 
come from validated models, experimental data or assumptions.   

An assessment of the behavioral models that exist for the proposed advanced fuel design must be 
performed (shown as a decision point below Step 4 in Figure 5).  The team proposing any 
particular design should provide a collection of behavioral models with a full description of the 
source of the data and/or assumption relied upon to generate the models. If the behavioral models 
are deemed adequate to perform a fuel performance calculation, then the evaluation should 
proceed with a detailed system and fuel performance analysis (Step 5).  However, if the models or 
the data used to generate the behavioral models are deemed inadequate, then effort should be 
redirected to generate the necessary data to develop adequate models rather than continue an 
attempt to assess the performance and enhanced safety aspects of a design that fails this 
assessment. Some designs that are significantly different than the current UO2-Zr alloy system 
may require development of significant modifications to the existing analysis tools. 

• Step 5: Detailed System Analysis  
Detailed system analysis must be performed using the established behavioral models and 
associated data for both PWR and BWR cases (if the fuel system is to be considered for both 
reactor types).  For an integrated analysis, relevant codes include: severe accident behavior (e.g. 
MELCOR, MAAP), design basis accidents (e.g. RELAP/RETRAN), and core depletion (e.g. 
TRITON/PARCS).  Accidents that require 3-D neutronic feedback would be studied using 
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appropriate tools such as TRACE/PARCS or RELAP/PARCS. For single effects analysis, such 
codes are: for fuel performance analysis (e.g. FRAPCON/FRAPTRAN, FALCON) and focused 
codes on specialized/unique properties. See section 4.4 for details on severe accident analysis. 

• Step 6: Enhanced Accident Tolerance 
Upon completion of the detailed analyses, sufficient information will be available to perform an 
assessment of a particular design’s enhanced accident attributes with a reasonable level of 
confidence (acceptable uncertainty).  In performing this assessment, it is important to identify the 
objectives, e.g. as good as or better than UO2 – Zr alloy in safety and performance, and identify 
requirements to meet performance/safety objectives, e.g. fission product retention, cladding 
stress, fuel-cladding reaction layer, fraction of melt, etc.  That is, calculations are performed using 
applicable codes/tools with representative models/data to compare baseline (UO2 – Zr alloy) and 
new designs under different accident scenarios.  

44..44 SSeevveerree  AAcccciiddeenntt  AAnnaallyyssiiss  
Scoping simulations of severe accident conditions can be performed using a severe accident code, 

such as MELCOR, to investigate the influence of advanced materials on the BDB accident progression 
and to identify any existing code limitations. The MELCOR code is the primary code used by the NRC to 
model and analyze the progression of severe accidents (Gauntt et al. 2005; SNL 2000). It has been 
developed and maintained for the NRC by the Sandia National Laboratories (SNL). MELCOR is a 
systems level severe accident code which includes the major phenomena of the system thermal 
hydraulics, fuel heat up, cladding oxidation, radionuclide release and transport, fuel melting and 
relocation, etc. 

MELCOR is designed for current LWR core material configurations. As such, the code contains 
material property definitions for “UO2”, “Zircaloy”, “ZrO2”, “steel”, “steel oxide” and “Inconel” for the 
fuel, cladding, spacer grids, support plates and channel boxes.  The cladding and structural materials in 
the core are coupled in the code such that a change to the cladding material via user input also changes the 
composition and properties of structural materials assigned to the same material properties (e.g. 
“Zircaloy”). The user can change the defined properties of one of these materials, such as Zircaloy, in a 
relatively straightforward manner through user input. Internally, however, the code assigns material 
composition according to core component. As a result, a material property change to one of the core 
components, e.g. the cladding, will also change the material composition and properties of other core 
structures, e.g. channel boxes. This assumption can only be changed by modifying and recompiling the 
code to include additional materials for any given core component. Modifications that have been made to 
the MELCOR code to evaluate the performance of candidate accident tolerant materials are presented in 
further detail in section 6.3 and are summarized in Merrill and Bragg-Sitton (2013). Additional 
modifications to the MELCOR code structure are currently under way to allow more detailed analysis of 
candidate ATF designs under severe accident conditions. 

The Three Mile Island Unit 2 (TMI-2) loss-of-coolant accident was selected as the baseline accident 
for examining the potential safety merits of PWRs constructed using the proposed accident tolerant fuel 
and cladding options (OECD/NEA 2013). For BWRs, short term and long term station blackout (STSBO, 
LTSBO) accidents have been simulated for Peach Bottom, a GE BWR/4 with a Mark-I containment.  
Fukushima Unit 3 (3-F) has been identified as the baseline BWR severe accident case (OECD/NEA 
2013). Preliminary accident analysis results for selected zirconium alloy replacement materials are 
provided in section 6.3 and 6.4. As discussed previously, applying the same timeline for the accident 
sequence in the ATF analysis as was observed in the actual event may be somewhat misleading, as it does 
not take into account the affect that the ATF design may have on the coolant environment itself that could 
alter the overall system response. 
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55.. CChhaarraacctteerriizzaattiioonn  aanndd  SSccooppiinngg  TTeessttss  

Prioritized characterization and scoping tests are proposed to provide early indication of the “accident 
tolerance” of a specific concept and to begin definition of some of the material properties data that will be 
needed in the details behavioral models. Many of the scoping tests focus on either the fuel or the cladding, 
while some require testing of a complete fueled rodlet.  

55..11 CCllaaddddiinngg  EEvvaalluuaattiioonn  
Three primary “classes” of cladding materials are considered: fully metallic, fully ceramic, and hybrid 

cladding. The latter “hybrid” classification could include coatings or wraps on an inner cladding tube 
(likely metallic). The proposed test prioritization assumes that, based on known properties, the candidate 
material meets basic requirements for use in a fuel rod (e.g. it is not known to be a neutron poison 
material that would significantly impact core neutronics unless its negative impact can be reduced by 
having thinner walls). As additional data are generated, researchers must reassess the impact of the test 
and measurement results on the ability to design a functional fuel pin.  

An initial set of prioritized cladding screening tests was proposed at the Enhanced Accident Tolerant 
LWR Fuels National Metrics Workshop in October 2012 (Braase 2013).  This set of proposed tests was 
later refined at a meeting specifically focused on coated cladding options, which would be categorized as 
a “hybrid” cladding design (Braase and Bragg-Sitton 2013). The purpose of the proposed set of 
preliminary tests is to demonstrate basic concept viability, to provide justification that the concept could 
meet the definition of “accident tolerant,” and to provide additional material property data to inform the 
associated fuel performance and core-level analyses. The series of tests proposed in the following sections 
assume that basic fabrication constraints have been met. The required fabrication processes (e.g., 
fabrication temperatures, annealing steps, etc.) must be designed such that the substrate cladding material 
will retain sufficient corrosion resistance and mechanical properties. 

A test matrix for candidate fuel and cladding shall include all licensing criteria and shall identify 
existing test standards or characterization tests for which standards must be developed for future 
qualification. Categories for cladding tests and proposed test objectives, constraints, or associated details 
are provided in Appendix B. A preliminary list of proposed screening tests for each class of cladding 
design options (metallic, ceramic and coated or hybrid cladding) is provided below. These tests are not 
intended to fully characterize the material, only to demonstrate viability. Cladding candidates that pass the 
initial screening tests and screening analyses would then be considered for more detailed testing in the 
correct geometry and environments (e.g. fueled rodlets). Data from these later tests would then be applied 
in behavioral models and detailed fuel and core analyses.  The proposed prioritization of screening tests is 
as follows: 

Metallic Cladding 

1. Steam oxidation, post-steam ductility / strength tests 

2. Environmental testing (corrosion, irradiation assisted SCC, SCC, erosion) 

3. Basic chemical compatibility at normal operating conditions 

4. Irradiation environmental testing (determine effects on mechanical properties) 

5. Mechanical testing (assuming baseline unirradiated data are already available, additional 
mechanical tests would not be required until after a material has passed the other screening tests 
identified) 
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Ceramic Cladding 

1. Mechanical integrity tests (simple tests for hermeticity, break) 

2. Steam oxidation, post-steam ductility / strength tests 

3. Basic chemical compatibility at normal operating conditions 

4. Environmental testing (LWR water exposure over a range of chemistry conditions) 

5. Mechanical properties measurements 

6. Irradiation environmental testing (determine effects on mechanical properties) 

Hybrid Cladding / Coatings on Cladding Tube  

1. Assess coating adhesion – initial, thermal cycling, with flow (spall), wear (fretting)  

2. Based on substrate and “coating” materials and configuration, follow metallic or ceramic 
cladding priorities as defined above; additional details for coated cladding options include: 

a. Environmental testing with a small exposed region (autoclave) 

b. Chemical compatibility to include coating – substrate compatibility (establish 
temperature limit) 

Note for hybrid / coated cladding options: During cladding fabrication, the substrate must 
retain sufficient corrosion resistance and mechanical properties (e.g. must be able to withstand 
annealing temperatures). 

 
Coated cladding options are expected to present unique questions in their preliminary evaluation for 

accident tolerant application. Although coated cladding designs represent a smaller departure from the 
current Zr-alloy cladding (assuming Zr-alloy substrate), there are concerns about coating adhesion to the 
substrate surface during operating and accident conditions. To address these concerns, specific details on 
the proposed scoping tests for coated cladding are provided below. 

1. Coating Adhesion – Address the effects of thermal cycling and exposure to coolant flow (spall) 
and wear (fretting) and cladding creep-down on coating adhesion. These tests would likely 
include some mechanical testing to demonstrate adhesion under handling scenarios (e.g., bend 
tests). 

2. Environmental Testing – Address coating performance at temperature before and after a 
standardized scratch test (application of a set force, which may or may not expose the underlying 
substrate) and with a small exposed region (e.g. full depth scratch down to the substrate). 
Evaluations should include corrosion, erosion, stress corrosion cracking, etc., when exposed to 
LWR water over a range of chemistry conditions for both PWR and BWR designs. 

3. Chemical Compatibility – Address coating – substrate compatibility (establish temperature limit). 
For designs that deviate from a standard zirconium alloy substrate and UO2 fuel, compatibility 
between the fuel and substrate cladding material must also be demonstrated. 

4. Severe Accident Conditions – Steam oxidation testing and measurement of post-steam ductility 
and strength. The effect of pressure, flow rate and temperature should be evaluated. 

5. Mechanical Tests – Assuming baseline unirradiated data are already available, additional 
mechanical tests would not be required until after a cladding design has passed the other 
screening tests identified; for non-metallic substrate materials (e.g. ceramic substrate) mechanical 
tests may be performed earlier in the test series to determine ductility, fracture behavior, and 
hermeticity. 
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6. Irradiation Environmental Testing – Irradiation of small sample coupons may precede irradiation 
of fueled cladding tubes; determine the effect of irradiation on properties (mechanical strength, 
coating adhesion, etc.). Testing could entail ion irradiation in advance of neutron irradiation. Note 
that demonstration of corrosion and erosion performance under irradiation can only be conducted 
with the cladding tube in contact with coolant flow at the appropriate PWR or BWR conditions. 
While initial irradiation could be conducted in a static capsule, coatings must also be 
demonstrated in contact with flowing coolant under irradiation. 

Discussions among the ATF development community resulted in preliminary guidance for pre-
screening evaluation tests under normal operating conditions (Table 2), tests for off-normal conditions 
(Table 3), and irradiation tests and associated post-irradiation examination (Table 4). While not 
comprehensive, these tables identify potentially applicable ASTM or industry standards for testing the 
property or behavior of interest. 

 

Table 2. Guidance for Initial Pre-Screening Evaluation Tests – Normal Operating Conditions 
Performance Test Condition Analysis 

Coating adhesion Autoclave without scratch 72 hours 
 
ASTM G2M (Base metal) 
 
400°C pure water/dry 
steam 
 
1500 psi 

Visual 
Weight change 
 
Recommendation:    
Consider performing tests 
based on this ASTM 
standard.  The goal is to 
justify cladding performance 
to move forward. 

Address scratch tests per 
ASTM standards 

ASTM C1624 for ceramic 
coatings 

 

Adhesion, 
Strength, and 
Ductility 

Mechanical Adhesion Test 
Options for consideration 
• Bend Test-performance at 

various or increasing 
angles.  How and when 
does it fail? 

• Burst test 
• Tensile test  
• Creep test 
• Pressurized tube 
• Thermal cycling 
• Coupon or coated tubing 

tests 

Must survive a 1% strain 
 
ASTM C633  
Adhesion, cohesion, 
strength of thermal sprays 
and coatings 
 
ASTM D4541-09E1  
Strength of coatings using 
a portable tester 

Determine the failure mode 
and strain at which failure 
occurs. 
 
When does catastrophic 
failure occur? 
 
 
 

Compatibility Chemical compatibility 
(substrate – coating – coolant)  
Thermal interdiffusion between 
coating and substrate 
 

400°C – 450°C water/dry 
steam with relevant 
chemistry 

Measure hydrogen pickup; 
NRC H2 limits (ppm) are 
material specific (alloy 
dependent) 
Hydride issues 
Licensing issues 
Zirconium issues 
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Table 3. Tests for Off-Normal Conditions (to prove enhanced ATF behavior) 
Test Condition Analysis 

Simulated LOCA Test <17% oxidation at 1200°C for <300 
seconds (two-sided oxidation) or 
<1000 s (outer-surface oxidation) of 
0.57-mm wall cladding; longer test 
times for thicker cladding 
 
Use existing standard for current 
alloys for guidance 
[10CFR50.46(b)] 

Measure weight change or analyze 
cross-section 
Measure porosity 
Post Quench Ductility Test (PQD) 
Goal: Demonstrate improved 
performance relative to existing 
fuel/cladding 

Incremental Temperature Increase 
Test 

Raise steam temperature 
incrementally until failure; 
document process 

Determine mode and time of failure 

 

Table 4. Irradiation Tests  
Test Condition Analysis 

Ion Irradiation Introduce damage via ion irradiation 
for initial (lower cost) assessment of 
behavior under irradiation  

Microstructural analysis 
Coating adhesion 
Assessment of compatibility 

Reactor – Steady state Initial neutron irradiation of 
cladding coupons or tubes, with or 
without fuel, in a drop-in capsule 

Microstructural analysis 
Coating adhesion 
Assessment of compatibility 

Reactor – Loop test Neutron irradiation of cladding 
coupons or tubes with flowing 
coolant (e.g. loop test) 

Microstructural analysis 
Coating adhesion 
Assessment of compatibility 

Reactor – Transient testing To be determined  
 

 

55..22 FFuueell  EEvvaalluuaattiioonn  
Some of the necessary early fuel scoping tests were addressed in section 5.1, as some of the identified 

tests require testing of a fueled rodlet. Scoping evaluations that can be conducted on cold, clean fuel 
material prior to initial irradiation testing include:  

1. Fuel – Clad Compatibility: Evaluation of chemical compatibility with the proposed cladding 
material at temperature for an extended period of time. The fuel-cladding interaction should 
be mapped over a range of temperatures, from normal operating conditions to accident 
scenarios.  

2. Fuel – Coolant Compatibility: In the event of a cladding breach, the potential interaction 
between the fuel and coolant (liquid water and steam) must be understood over a range of 
possible temperatures. 

3. Determination of Key Properties: Basic pre-irradiation fuel properties should be measured, 
including thermal conductivity, density, etc. (see section 3.1), over a range of temperatures. 
These properties should again be measured following irradiation. 

4. Irradiation Testing and Post-Irradiation Analysis: Irradiation of fueled cladding rodlets (see 
Table 4). 
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66.. EExxaammppllee  AAnnaallyysseess  ffoorr  HHyyppootthheettiiccaall  AATTFF  CCoonncceeppttss  

This section presents example analysis results for hypothetical accident tolerant fuel and / or cladding 
options (Figure 5, Step 2b). These analyses illustrate the impact of selected properties on fuel 
performance (sensitivity studies) and demonstrate how ATF concepts might be evaluated and 
subsequently ranked for their potential improvements over the current state-of-the-art fuel system during 
normal operation, design basis accident and severe accident conditions.  

Where appropriate, the hypothetical design concepts used to generate the preliminary analysis results 
are denoted generically (ATF-1, ATF-2, etc.) to focus on the process of evaluating candidate materials, 
not to begin the down-selection itself. The example analyses do not present the economics associated with 
the evaluated options, nor do they presume to offer a ranking of the options. Fabricability, licensibility 
and the associated economics are necessary components of concept ranking and down-selection. Phase 2 
analysis (Step 5, Detailed System Analysis in Figure 5) will require additional materials testing to fill 
existing data gaps for which material properties are either unavailable or must be assumed based on 
properties of related materials. 

66..11 CCoorree--LLeevveell  AAnnaallyyssiiss  
As discussed in section 4.1.1, a key element to the analysis of an accident tolerant fuel concept is the 

corresponding analysis of the resultant reactor system. Impact of a fuel design on the core power and flux 
distribution, reactivity coefficients, control parameters, neutronic behavior and thermal hydraulic 
behavior must be evaluated and understood at a given state-point and as a function of burnup.  

This section presents an example core-level analysis for several hypothetical composite fuel types, 
denoted as ATF-1, -2, -3, -4. These hypothetical concepts only modify the fuel material properties, 
maintaining the standard cladding properties. A comparison of cycle length calculations is shown in Table 
5 for these arbitrary composite fuel options. All results are shown relative to the reference UO2 fuel 
system and a hypothetical pure UN fuel, which is not a viable candidate for a water-cooled reactor (the 
hypothetical ATF concepts are all nitride composites). The studied cases include a reference oxide case 
and two reference nitride cases. These cases are selected to illustrate the types of results that may be 
derived from the proposed analysis method rather than to provide comparative results for specific fuels. 
These composites contain two phases: (1) a primary oxide or nitride phase, and (2) a secondary phase. For 
the hypothetical fuel concepts represented in Table 5 the secondary phase is varied to determine the 
operational impact on fuel cycle length. These calculations were completed using the TRITON/NEWT 
lattice physics tools, included as modules in the SCALE package. These cycle length calculations, 
reported in effective full power days (EFPD), show the potential impact of the hypothetical fuels on 
reactor operation, where increased discharge burnup and cycle length may be desirable to industry. 
However, this result must be considered comprehensively with other analysis results to assess the 
potential overall impact of the proposed fuel option. Options shown in Table 5 that provide a longer cycle 
length alternatively would allow a reduction in the enrichment for comparable performance to the 
reference UO2 system with resultant economic benefits. 

Such analytical studies can be used to estimate the impact of fuel design and core fuel management 
parameters on cycle length. Table 6 includes example results for arbitrary micro-encapsulated fuel 
concepts (versus the composite fuels applied in Table 5). One fabrication parameter of interest for micro-
encapsulated fuels is the particle packing fraction in the fuel pellets. A non-linear reactivity model was 
applied in these analyses to provide insight into the impact of two different packing fractions and the 
estimated leakage reactivity on the cycle length. Neutron leakage is a function of the neutron flux-energy 
spectrum, neutron mean free path, geometry, and fuel management scheme, among other factors. The 
example analysis results shown in Table 6 were calculated with the Serpent Monte Carlo reactor physics 
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tool (Fridman and Leppänen 2011). If fuel fabrication studies indicate that the higher packing fraction is 
not feasible, then the preliminary analysis results would suggest that fuel cycle lengths would need to be 
reduced versus a reference UO2 system (noted as 456 EFPD in Table 5). 

Table 5. Calculated cycle length for hypothetical composite fuel options. 

Fuel UO2 
(0.95 TD) 

UN  
(0.95 TD) 

UN  
(0.8 TD) ATF-1 ATF-2 ATF-3 ATF-4 

Batch burnup 
(GWd/t) 17.6 17.7 18.0 17.9 17.9 17.7 17.8 

Discharge 
burnup (GWd/t) 52.7 53.1 54.1 53.8 53.7 53.2 53.5 

Cycle length 
(EFPD) 456 647 552 579 601 543 584 

TD = theoretical density 

Table 6. Calculated cycle length for hypothetical micro-encapsulated fuel options. 

Leakage 
reactivity 

Cycle burnup (EFPD) - 
0.44 packing fraction 

Cycle burnup (EFPD) - 
0.5 packing fraction 

ρLR = 0.03 411.3 474.8 
ρLR = 0.05 400.8 461.9 

Core reactivity parameters versus the relevant design limits are also vital parameters to consider.  As 
an example, Table 7 shows the reactivity parameters for the hypothetical nitride composites ATF-2 and 
ATF-3 that were previously introduced in Table 5. The results are from a full-core equilibrium calculation 
applying PARCS with thermal feedback and a three-batch fuel management scheme in a classical out-in 
(scatter arrangement) fuel loading similar to a reference PWR. The reference reactor design is a state-of-
the-art PWR offered by a large domestic reactor vendor. This analysis is a necessary boundary condition 
for transient safety studies that incorporate relevant neutronic feedback in events where feedback is 
important. As noted for Tables 5 and 6, all of the cases shown in Table 7 assume Zr-based cladding 
(modification made only to the fuel material). The noted “Reference Reactor Design Limits” are based on 
the safety analysis report for the reference PWR. These types of analyses can highlight when a proposed 
concept might produce unintentional consequences in the reactor operation. The results provided in Table 
7 indicate that the hypothetical ATF-2 composite fuel would have a lower boron coefficient than 
allowable in the reference PWR. This result implies that soluble boron (with natural boron) would be less 
effective for reactivity control, and alternative methods of reactivity control or enriched boron would be 
required if this fuel were to be integrated into an existing PWR. 

Core power and burnup distributions are important parameters that act as a vital boundary condition 
for almost all safety studies. They are also significant in evaluating key safety parameters in normal 
operation and transient conditions, such as DNBR and MCPR. Example core power distributions for a 
PWR equilibrium core with thermal hydraulic feedback and a realistic fuel management scheme as 
calculated by PARCS are shown in Figure 6. The color scales represent the relative power peaking in the 
assemblies. Red colors represent assemblies with the highest (above average) relative power and green 
colors represent assemblies with the lowest (below average) relative power, with yellow colors 
representing average (1.0) power peaking. The burnup values and radial power are axially averaged in 
Figure 6 for illustrative purposes. The actual core calculations, however, are fully three-dimensional with 
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thermal hydraulic feedback. Only one-eighth of the core is shown because the core geometry and fuel 
management scheme considered in the calculations is octant symmetric. 

Table 7. Example calculated equilibrium core reactivity coefficients for hypothetical composite fuel 
options (results produced using the PARCS tool with modified thermal properties). 

Reactivity Coefficient 
Reference Reactor 

Design Limit UO2 UN ATF-2 ATF-3 

Fuel Temperature 
Coefficient, pcm/K 

-6.3 to   -1.8 -2.7 -2.8 -2.9 -2.9 

Moderator 
Temperature 
Coefficient, pcm/K 

-72.0 to 0.0 -32.8 -32.1 -33.2 -33.4 

Boron Coefficient, 
pcm/ppm 

-13.5 to -5.0 -6.0 -5.0 -4.5 -5.0 

Local power peaking factors are necessary to define the local power peaking relative to the design 
limit. For the reference PWR design in the example results shown here, the two key parameters are the 
three-dimensional local power peaking factor and the coolant enthalpy rise peaking factor. The local 
power peaking factor is shown in Figure 7 and the radial peaking factor is shown in Figure 8. In this case 
the enthalpy rise peaking factor is practically analogous to the radial peaking factor because the flow rate 
is assumed uniform in each thermal hydraulic channel. These results are for an equilibrium core 
calculated in an identical and realistic fuel management scheme with thermal hydraulic feedback. The 
PARCS code was modified to integrate appropriate thermal properties for the hypothetical nitride 
composites considered. For the example evaluation, the analysis cases show that, for the modeled core 
configuration, the hypothetical ATF options would potentially have greater safety margin than the 
reference oxide fuel due to the lower peaking factor. Additionally, the hypothetical ATF concepts would 
offer longer cycle lengths when compared to the UO2 reference, a potential benefit. The reduced power 
peaking is not entirely an intrinsic property of the analyzed fuel concepts, but is a holistic impact of the 
modeled fuel properties and the parameters applied in the analysis (burnable poison loading, fuel 
management scheme, reactor geometry, etc.).   

Core-level studies help determine appropriate thermal margins for proposed fuel concepts, which may 
be different than the conventional UO2 system. Operational considerations, such as soluble boron 
concentration, are also important parameters that must be thoroughly studied, because they act as a 
boundary condition for studies of chemical reactions with the coolant. Critical boron concentration is 
shown in Figure 9 for the hypothetical composite fuel concepts ATF-2 and ATF-3. The soluble boron 
concentration was solved iteratively within each burnup step using the PARCS core simulator. As the fuel 
depletes, the concentration of boron in the moderator decreases. This behavior results in the so-called 
“boron letdown curve” of the calculated equilibrium cores. The example analyses show the calculated 
critical boron concentration to be higher for the hypothetical ATF concepts. Higher critical boron 
concentration is undesirable from the perspective of coolant chemistry and would impact potential 
behavior during a boron dilution accident; use of enriched boron may mitigate some of the negative 
consequences. 
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Figure 6. Eighth core radial power and burn-up distributions for equilibrium cycle at end-of-cycle for UO2 (0.95 
TD) and the hypothetical ATF-2 composite fuel concept. 
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Figure 7. Local power peaking factors in an equilibrium cycle with identical fuel management for several 
hypothetical composite accident tolerant fuel concepts. 

 
Figure 8. Radial peaking factor in an equilibrium cycle with identical fuel management for several hypothetical 
composite accident tolerant fuel concepts. 
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Figure 9. Critical boron concentration in an equilibrium cycle with identical fuel management for several 
hypothetical composite accident tolerant fuel concepts. 

66..22 IImmppaacctt  ooff  EEnnhhaanncceedd  FFuueell  TThheerrmmaall  CCoonndduuccttiivviittyy  
Recent studies have addressed the impact of fuel thermal conductivity on enhanced accident tolerance 

during DBA and BDBA loss of coolant scenarios (Terrani et al. 2013). The code scaling, applicability, 
and uncertainty (CSAU) evaluation methodology initiated in the 1970s was used to identify and rank the 
most important factors contributing to core response during design basis large break (LB) LOCAs 
(Boyack et al. 1990). Many of the studies carried out based on CSAU methodology have been specific to 
PWRs, and the stored energy in the fuel has been considered to be an important parameter in determining 
the fate of the reactor under LBLOCAs (Wilson et al. 1990). The stored energy in the fuel is inversely 
proportional to the fuel thermal conductivity. The purpose of the current study was to examine the effect 
of stored energy in the fuel (which is directly related to the temperature gradient across the fuel pellets) on 
the thermal hydraulic response of the core for both BWRs and PWRs during a design basis LBLOCA 
scenario. A LBLOCA is considered the case under which core response is most sensitive to the initial 
stored energy in the fuel.     

The magnitude and the dissipation rate of stored energy from the reference fuel and the hypothetical 
fuel having enhanced thermal conductivity were initially examined using a simple numerical model. This 
model solves the one-dimensional transient heat conduction equation in a PWR fuel rod subjected to a 
scram without any loss of cooling. Results indicate that the temperature profile in the fuel rapidly flattens 
and the stored heat is almost completely dispensed into the coolant after about 15 s. The small 
temperature gradient remaining across the fuel pellet is subsequently due to the small amount of decay 
heat that is being generated in the fuel volume.  

The effect of assumed enhanced fuel thermal conductivity on fuel temperature evolution during a 
LBLOCA is examined using the TRACE code (US NRC 2012) to perform full-core simulations with fuel 
thermal conductivity at nominal and arbitrarily increased values. In this manner, the sensitivity of the fuel 
temperature rise to fuel thermal conductivity during the specified transient is analyzed and compared 
within the PWR and BWR reactor platforms.  
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6.2.1 PWR Performance under LOCA Conditions (TRACE Analysis) 
A typical 4-loop Westinghouse design PWR loaded with Westinghouse 17×17 fuel assemblies was 

employed for this study. The PWR TRACE input file models all of the major flow paths in the system 
needed to perform large and small break LOCA and steam generator tube rupture simulations. All four 
recirculation loops are modeled explicitly (Figure 10). Geometry and physical property details are 
included in Terrani et al. (2013). 

 
Figure 10. Schematic drawings of conceptual intact and broken loops in a PWR core subjected to LBLOCA 
(modified image after U.S. NRC). 
 

A LBLOCA was simulated using the TRACE steady-state input model of the PWR. The LBLOCA 
was a double-ended guillotine break in cold leg 1. For this event, it was assumed that all ECCS systems 
were available in the simulation. The large break (80% break area) is assumed to be located between the 
ECCS injection line and the RPV. Double-ended cold leg break, reactor coolant pump (RCP) trip, and 
reactor/turbine trip are all assumed to initiate at time zero. The safety injection actuation signal is 
delivered 6 seconds later, and accumulator injection (intact loops) begins after 13 seconds. ECCS pumped 
flow is initiated at 36 seconds. 

The results presented in this section (6.2) are for the hottest rod in the core with the axial linear heat 
rate (LHR) distributions shown in Figure 11 for the BWR and PWR platforms separately. Taking into 
account all the pertinent conduction, convection, and radiation heat transfer phenomena, the code reports 
global maxima for fuel centerline and cladding temperatures.  
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Figure 11. Linear power profile for the hottest rod under normal operating conditions in the modeled BWR and 
PWR cores prior to LBLOCA simulation.   

 

Figure 12 shows the fuel centerline temperature (FCT) and the peak cladding temperature (PCT) for 
the hottest rod in the 4-loop PWR during the LBLOCA simulation with nominal and (computationally) 
enhanced fuel thermal conductivity. A notable difference in the magnitude of FCT and PCT during the 
course of the accident is apparent for various cases. Note that the assumed increases in fuel thermal 
conductivity are arbitrary and the associated analyses are intended to clarify the sensitivity of fuel and 
cladding temperatures to thermal conductivity during accident conditions. These thermal conductivities 
may or may not be achievable in practice. Analysis results indicate that an increase in fuel thermal 
conductivity by 200% and 500% would reduce PCT by 56°C and 92°C, respectively; also, increased fuel 
thermal conductivity would result in faster quench times [for nominal, 200% and 500%, the calculated 
quench times are 213, 194, and 177 seconds, respectively (from Figure 12)]. The magnitude of this 
change normalized against the thermal resistance of the fuel (directly proportional to the stored energy) is 
consistent with earlier analyses focused on parameter uncertainty (Wulff et al. 1990).  
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Figure 12. FCT and PCT evolution of the hottest rod during a simulated LBLOCA in typical 4-loop PWR loaded 
with fuel at nominal and computationally enhanced thermal conductivity. 

 

6.2.2 BWR Performance under LOCA Conditions (TRACE Analysis) 
A typical General Electric BWR4 plant with a Mark-I containment loaded with GE14 bundles 

(Nuclear Engineering International 2004) was employed to evaluate the potential impact of increased fuel 
thermal conductivity on BWR system response to a LOCA. The BWR TRACE model includes all of the 
major flow paths and system components to perform large and small break LOCA simulations. Both 
recirculation loops are modeled explicitly. More detailed description of the analysis framework is 
described in Ott, Robb and Wang (2013). 

A double-ended guillotine recirculation suction line break (0.36 m2) is assumed to mark the onset of 
transient at time zero, as shown in Figure 13. The two recirculation pumps are tripped and the reactor is 
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scrammed at the same time. Only two LPCIs are assumed to be available. High-pressure core sprays and 
low-pressure core sprays, as well as the automatic depressurization system, are all assumed to be 
unavailable. LPCI injection is actuated as designed starting at 91 seconds after the break.  

 
Figure 13. Schematic of a conceptual BWR core subjected to LBLOCA (modified image after U.S. 
NRC). 

Figure 14 shows the fuel centerline and peak cladding temperature (FCT and PCT) for the hottest rod 
in the GE BWR-4 (Mark I containment) LBLOCA simulation with nominal and computationally 
enhanced fuel thermal conductivity. As noted for the PWR cases, the assumed increases in fuel thermal 
conductivity are arbitrary and may or may not be achievable in practice; the associated analyses are 
intended to clarify the BWR system sensitivity to thermal conductivity during accident conditions. The 
radial fuel temperature profile flattens rapidly for all three cases upon initiation of the scram. The FCT 
and PCT are essentially identical for all cases 15-s after the scram, with only a negligible difference 
between fuels with nominal and computationally enhanced thermal conductivity. At any time after the 
onset of the break/scram, the PCT for fuel with nominal thermal conductivity is nearly identical with that 
of the fuel with enhanced (up to 500%) thermal conductivity. The LPCI that is actuated at 91 seconds 
after the scram eventually results in core quench at about 170 seconds with only minor differences due to 
fuel thermal conductivity. Note that while the assumed increase in fuel thermal conductivity would 
significantly alter the temperature profile across the pellet during normal operation, results indicate that it 
would have no discernible effect on the fuel and cladding temperature under this LBLOCA scenario.  

The lack of any notable difference in PCT evolution among these three BWR cases is inherent to the 
thermal-hydraulics of the BWR. Although pumps trip at the onset of the break, the pumping action coasts 
down slowly as the jet pump continues to inject water upwards into the core. The water moves upward 
within the fuel bundles, undergoes phase change as under normal operating conditions, and removes the 
heat generated inside the fuel rods. As shown in Figure 14, this cooling action continues for roughly 30 
seconds during which the stored energy in the fuel is removed (FCT for the various cases is nearly 
identical) and the PCT for all cases drops. Once the stored energy from the fuel is removed, the rod 
responses are identical among all the examined cases since the decay heat solely depends on the power 
history.     
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Figure 14. FCT and PCT evolution of the hottest rod during a simulated LBLOCA in typical BWR-4 loaded with fuel 
at nominal and computationally enhanced thermal conductivity. 
 

6.2.3 Peak Cladding Temperature Sensitivity to Fuel Thermal Conductivity 
While calculations indicate almost no effect from fuel thermal conductivity on PCT evolution for 

BWR rods, the sensitivity studies indicated a notable difference for PWR fuel pins. This disparity results 
from the thermal-hydraulics aspects of the two different cores and their ability to remove the stored 
energy in the fuel during the transient. In the BWR core, a break in the suction line does not alter the flow 
direction. Although both of the recirculation pumps are tripped, they continue to inject water down the jet 
pumps during coast down and facilitate upward coolant flow into the core. The water, as is the case under 
normal operating conditions, flashes into steam and removes heat as it climbs upward within the fuel 
bundles. The cooling process continues for ~30 seconds, which is sufficient compared to characteristic 
heat transport time across the radial direction of the fuel (~ 15 seconds, as noted previously). 
Accordingly, the magnitude of the remaining stored energy in the fuel is negligible and no discernible 
effect on PCT evolution is observed during later stages of the transient. 
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For the PWR, the break in the cold leg results in rapid coolant discharge from the core. The coolant 
entering from the cold leg in the three remaining intact loops is unable to continue flowing upward into 
the core during the depressurization process. Accordingly, no significant heat removal from the fuel takes 
place and the initial stored energy in the pellet simply redistributes across the pellet and cladding (with, as 
a result, increased PCT), as opposed to being removed. The larger magnitude of stored energy in the fuel 
at the nominal thermal conductivity results in a larger PCT shortly after the onset of the break. This 
higher temperature persists across the core until it is quenched. The expected drop in PCT upon arbitrarily 
doubling the fuel thermal conductivity (56°C per the current calculation) would provide some cladding 
burst margin across the core, resulting in a lower burst fraction (Powers and Meyer 1980).   

66..33 BBaasseelliinnee  PPWWRR  AAcccciiddeenntt  CCaassee::  MMEELLCCOORR  AAnnaallyysseess    
The Three Mile Island Unit 2 (TMI-2) loss-of-coolant accident (LOCA) was selected as the baseline 

PWR accident for examining the safety merits of the proposed ATF concepts. The TMI-2 accident was 
caused by a small-break LOCA in a two-loop Babcock & Wilcox (B&W) PWR (Henry 2001). Unaware 
of the small LOCA caused by a stuck-open pilot-operated relief valve, throughout the first 300 minutes of 
this event the reactor operators manually overrode and operated the Emergency Core Cooling System 
(ECCS) to inject water into the reactor pressure vessel (RPV) to cool the reactor core, while 
simultaneously draining the primary cooling system by way of the coolant letdown system in an attempt 
to prevent the primary system from becoming incompressible (that is, becoming completely filled by 
water). 

Two reactor coolant system (RCS) pumps were operated during the first 100 minutes of this event, 
providing adequate core cooling, but increasing pump vibration caused by two-phase water entering these 
pumps forced the operators to stop RCS pump operation. At ~140 minutes, the operators became aware of 
the LOCA and terminated this loss of coolant by closing the appropriate electromatic relief block valve. 
However, as a result of the accident, the core became uncovered and heated up, causing spacer grid loss 
by melting, cladding ballooning, control rod meltdown, fuel rod oxidation, hydrogen production, cladding 
melting, melt candling, fuel melting, molten fuel/cladding pool formation, and a portion of this molten 
pool pouring into the RPV lower head. 

 
Figure 15. Schematic of TMI-2 reactor LOCA accident. 
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6.3.1 Simulation Setup  
Candidate “accident tolerant” cladding materials should illustrate greater stability than zirconium 

alloys in steam environments and provide the potential for greater structural stability during severe 
accidents. Researchers have studied the oxidation behavior of various materials in steam and oxygen, and 
some materials have been found to have corrosion behavior that differs substantially. Key parameters of 
importance in the oxidation behavior of a material include the exothermic (or endothermic) nature of the 
reaction, the oxidation rate, and the products of oxidation, including both gaseous products (potentially 
combustible) and oxide products that often form a scale on the surface of the material. The diffusion rate 
of oxygen or water vapor through this oxide layer is also important, as it may temporarily protect the 
underlying material.  

The specifics of the oxidation behavior and material properties (thermal conductivity, specific heat, 
density, emissivity, and heat of formation) of a candidate cladding and / or structural material can be input 
into the MELCOR input model and subsequently benchmarked against the literature to verify that the 
models properly represent the documented behavior of the material in question.  

To analyze this event, a version of the MELCOR severe accident analysis code (Gauntt et al. 2005) is 
being developed at the INL to accommodate the proposed cladding options. An initial version has been 
completed that substitutes the properties of a candidate cladding material for Zircaloy in MELCOR’s 
reactor core oxidation and material property routines (denoted “Candidate Cladding 1” in the ensuing 
results). The MELCOR input model used for this accident analysis is that developed by Sandia National 
Laboratories (New Mexico) and Innovative Technology Solutions Corporation, Albuquerque, NM 
(Gauntt et al. 2002). Figure 16 contains the predicted RPV pressure during this accident. Also noted in 
this figure are the times when the RCS pumps were tripped in both cooling loops of the reactor (A and B) 
because of excessive pump vibration, the ERV was closed, a single pump in the B loop was restarted, and 
the high-pressure injection system restarted. This modified version of MELCOR was benchmarked 
against available experimental data to ensure that air and steam oxidation theory were correctly 
implemented in the code. Additional code modifications are being implemented to further improve the 
specificity in defining components fabricated from non-standard materials. 

 
Figure 16. MELCOR predicted RPV pressure during the TMI-2 accident sequence. 

Figure 17 presents a comparison between the predicted peak-cladding temperature for the TMI-2 
accident sequence for Zircaloy and Candidate Cladding 1 (peak occurs at the top-center region of the 
core). For the first 100 minutes of this accident, cladding cooling was maintained by the RCPs in spite of 
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the loss of reactor coolant inventory created by both the LOCA and operator action of draining water 
from the RCS through the letdown system. According to the MELCOR prediction, the RPV water level 
drops below the top of active fuel height 100-min into the accident, and the uncovered fuel rod cladding 
starts to heat up by decay heating in what is now a slow moving steam environment produced by boil-off 
of remaining core water inventory. By 125 minutes, the Zircaloy clad case reaches temperatures where 
oxidation heating produced by the steam/Zircaloy reaction starts to accelerate the cladding temperature 
rise. Cladding failure is predicted to occur at ≈145 minutes, producing a loss of cladding and core 
geometry in this core region. In the MELCOR code, the failure criterion is simply a temperature set point 
based on experimental data and modeling experience, which coincides with the melting temperature of a 
UO2-ZrO2 eutectic (≈2500 K). At this time, MELCOR transfers the rod’s fuel and cladding into a debris 
field in the coolant channel, where channel blockage and debris heating accelerates core damage in lower 
regions of the core.  

In contrast, the core using Candidate Cladding 1 reaches a predicted peak cladding temperature of 
1830 K, which is below the melting temperature of the protective oxide scale, and well below the failure 
temperature for the material modeled. Temperatures begin to decrease after ERV isolation even under the 
low makeup water injection. Large decreases are seen when a pump in loop B restarts (at ≈175 minutes) 
and the Emergency Core Cooling System high-pressure injection is restored (at ≈195 minutes). 

 
Figure 17. Comparison of MELCOR-predicted maximum cladding temperature during the TMI-2 accident sequence 
for standard Zircaloy cladding and a possible accident tolerant cladding, denoted as “Candidate Cladding 1.” 

A primary reason for the starkly different results between the Zircaloy cladding and the Candidate 
Cladding 1 during the TMI-2 accident sequence is that the oxidation heating of the candidate material is 
approximately two orders of magnitude less than that for Zircaloy, as is evident in the predictions 
contained in Figure 18. The Zircaloy heating at 150 minutes exceeds the core decay heat by a factor of 5. 
In addition, because of the lower temperatures, the Candidate Cladding 1 material would produce more 
than an order of magnitude less combustible gas during this accident sequence than Zircaloy (note 
Figure 20). 

Candidate 
Cladding 1 
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Figure 18. Comparison of MELCOR-predicted clad oxidation heating produced during the TMI-2 accident 
sequence for standard Zircaloy cladding and a possible accident tolerant cladding, denoted as “Candidate 
Cladding 1.” 

 
Figure 19. Comparison of MELCOR-predicted combustible gases produced during the TMI-2 accident sequence for 
standard Zircaloy cladding and a possible accident tolerant cladding, denoted as “Candidate Cladding 1.” 

6.3.2 MELCOR Parametric Studies on Oxidation Rate and Cladding Conductivity 
The present uncertainty associated with the benchmarking of the Candidate Cladding 1 oxidation 

model prompted a parametric study that was undertaken to determine the impact of uncertainties 
associated with the oxidation model that was applied in this accident analysis. For this case, the assumed 
Candidate Cladding 1 oxidation energy was arbitrarily increased by a factor of 2 and 5 over the assumed 
base oxidation energy. Figure 20 presents a comparison of the MELCOR-predicted peak-cladding 
temperature for each of these cases. In this example, the 2x oxidation heating assumption is still a factor 
of ≈5 below the calculated Candidate Cladding 1 decay heat at 150 minutes (still significantly below Zr-
alloy oxidation heating). As a result the predicted peak-cladding temperature differs between the base 
case and the 2x oxidation rate case by only ≈45 K. When the assumed oxidation rate is arbitrarily 
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increased by a factor of 5 over the expected rate (based on limited data available for the modeled 
material) the predicted peak-cladding temperature reaches 2770 K, approaching the failure temperature of 
the evaluated material. These results confirm that the oxidation energy and rate are significant factors in 
predicting the performance of candidate ATF concepts under accident cases. Hence, these values should 
be determined experimentally for each of the specific materials under consideration to improve the 
accuracy of analysis predictions. 

 
Figure 20. Comparison of MELCOR-predicted peak cladding temperature during the TMI-2 accident sequence for 
Candidate Cladding 1 using the benchmarked oxidation model with the assumed oxidation base rate (per the 
available data for this material) and with the oxidation rate arbitrarily increased by a factor of 2 and 5. 

For some candidate cladding materials, the material thermal conductivity decreases with increasing 
irradiation fluence. To illustrate the impact this would have on MELCOR-predicted results for the TMI-2 
accident, a second parameter case was performed in which the material thermal conductivity assumed for 
Candidate Cladding 1 was decreased by a factor of ten to simulate the impact of irradation. The predicted 
maximum fuel cladding temperatures for these cases are shown in Figure 21. The impact of reduced 
cladding thermal conductivity on the modeled accident appears to be negligible. This result is not 
surprising given that the modeled cladding is less than 1 mm thick. Even at a reduced conductivity, the 
primary heat transfer resistance is on the steam side since the high-temperature steam flowrate is only ≈ 2 
m/s. 

Based on the results presented in this section, the modeled Candidate Cladding 1 demonstrates a 
potential safety advantage over Zircaloy for an accident where cladding oxidation becomes a dominant 
heat source. The results of this model are presented as an example of the type of analyses that could be 
employed to evaluate the potential advantage of candidate materials. Although preliminary I nature, the 
presented results suggest a safety advantage for Candidate Cladding 1 during a TMI-2-type accident 
assuming that the material could survive the thermal-mechanical loads under these harsh accident 
conditions. The preliminary nature of this prediction is due to the uncertainty regarding material oxidation 
rates, and the structural survivability of the candidate material at very high temperatures and during rapid 
thermal quenching. These uncertainties can be resolved by additional research to further characterize the 
behavior and evolution of key properties at temperature and under irradiation.  
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Figure 21. Comparison of MELCOR predicted peak cladding temperature during the TMI-2 accident sequence for 
the assumed Candidate Cladding 1 thermal conductivity (per the available data for this material) and with the 
cladding thermal conductivity reduced by a factor of 10.  
 

Figure 22 shows comparative results for the MELCOR-predicted peak cladding temperature for two 
candidate accident tolerant cladding materials, “Candidate Cladding 1” and an additional “Candidate 
Cladding 2” material.  These modeled materials differ in oxidation behavior, heat of oxidation and failure 
temperature, all of which were adjusted either via user input or by adjustment and recompilation of the 
MELCOR code. Estimated properties were defined and informed assumptions were made using existing 
data for both candidates studied. The heat of reaction estimated for “Candidate Cladding 2” was ≈5 times 
less on a per unit mass basis than “Candidate Cladding 1.” The peak cladding temperatures for both 
candidate materials are similar for this accident because this temperature is primarily a result of the fuel 
decay heat. The melting or decomposition temperature for each candidate material becomes the key 
discriminator between these options. 

 

Figure 22. Comparison of MELCOR-predicted peak cladding temperature during a TMI-2 accident for two 
candidate cladding materials differing in differ in oxidation behavior, heat of oxidation and failure temperature. 

Candidate  
Cladding 1 

Candidate Cladding 2 
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66..44 BBaasseelliinnee  BBWWRR  AAcccciiddeenntt  CCaassee::  MMEELLCCOORR  AAnnaallyysseess    
MELCOR analyses were also conducted for a baseline BWR case. The analyses used the Peach 

Bottom (GE BWR4/Mark I) MELCOR 1.8.5 model described by Francis (2006). The model contains the 
key equipment important in modeling severe accidents (reactor core isolation cooling [RCIC] and high 
pressure coolant injection [HPCI] systems, safety relief valves [SRVs], water storage tanks, etc.). 
Although the model contains a detailed representation of the reactor building, the current study focused 
on the impact of accident tolerant fuels on the in-vessel accident progression.  

6.4.1 Simulation Setup  
As discussed in section 4.4, the fuel and cladding properties must be modified in MELCOR to reflect 

the candidate ATF materials, with the material melt temperature, oxidation reactions, oxide properties, 
and relocation characteristics explicitly specified. This preliminary BWR analysis was conducted for a 
candidate accident tolerant fuel and cladding material. However, some characteristics and material 
properties for these advanced materials had to be assumed in the model prior to their determination 
experimentally. As discussed previously, due to the manner in which the base code is constructed, 
modification of cladding properties to those of an alternate material in the standard MELCOR code also 
results in modification of the channel boxes and other structural materials initially designated as 
“Zircaloy” in the model. 

As was assumed in the PWR case, the hypothetical fuel and cladding were assumed to have the same 
geometry, dimensions, and, thus, flow characteristics as the baseline UO2-Zr alloy core. To accomplish 
this the material masses were scaled by their densities to retain the same material volumes. No 
modifications were made to the core flow paths and flow resistances; radionuclide composition, 
distribution, and release physics; or other model parameters not discussed, such as heat transfer 
correlations. Modification of these parameters could be incorporated in future studies.  

The fuel rod collapse (failure) temperature was set to 2800 K. The holdup of molten material by an 
oxide shell was set to occur at a minimum oxide thickness of 1 mm and for oxide temperatures below 
1700 K. The “Zircaloy” material oxidation kinetics in MELCOR is governed by parabolic kinetics with 
consideration of gaseous diffusion limits and accounts for oxidation by both H2O and O2. Oxidation of the 
fuel material is not modeled in MELCOR. 

For the example analyses discussed in this section, the oxidation rate equations for the hypothetical 
accident tolerant cladding material were modified to reflect 1% of the values of Zircaloy. In addition, a 
simulation where oxidation was effectively turned off (0%) and a simulation using the default UO2 and 
Zircaloy properties were conducted to bound the range of possible cladding oxidation behavior, similar to 
the parametric study conducted for the PWR case.  

A major code limitation was encountered in that the heat of reaction during oxidation is hard coded in 
MELCOR (Clad-H2O: 5.797x106 J/kg clad at 298.15 K, Clad-O2: 1.2065x107 J/kg clad at 298.15 K). 
While this was modified in the PWR TMI-2 analysis that employed MELCOR 1.8.6 (via modification of 
the base code and recompilation) it was not adjusted in the MELCOR 1.8.5 BWR model. The Zircaloy 
heat of reaction is approximately 10 times that of stainless steels. As was shown in the PWR case for Zr-
alloy cladding and will be shown for the BWR case, the heat released due to cladding oxidation can be a 
major contributor to the overall heat load. 

The BWR accident scenarios investigated include a short-term station blackout (STSBO) and a long-
term station blackout (LTSBO). The STSBO assumes that the reactor shuts down (scrams), all power is 
lost and all injection is lost at time zero. The LTSBO assumes the reactor scrams and AC power is lost at 
time zero and DC power (batteries) is lost at 8 hours. The RCIC and HPCI are available for operation 
during the LTSBO until battery power fails. For these scenarios, the ability to inject water via the control 
rod drive (CRD) pumps and low pressure ECCS pumps (no AC power) and diesel driven pumps is also 
assumed to be lost. An additional scenario, a mitigated STSBO (MSTSBO), is analyzed in which 
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operators take action to inject water through the CRD pumps at a rate of 110 GPM (25 m3/h). This action 
provides a steady flow of high-pressure water, injected into the bottom of the RPV. 

6.4.2 BWR Short Term Station Blackout 
For the standard UO2-Zr alloy system, rapid cladding oxidation occurs after the core is mostly 

uncovered. A large amount of hydrogen is generated (see Figure 25), releasing a substantial amount of 
heat 1 to 2.5 hours after reactor scram (Figure 27). The relocating core melt dries out the lower head 
approximately 4 hours after scram (Figure 23). 

The progression of the UO2 case with the hypothetical accident tolerant cladding material (denoted 
“UO2-AT clad”) and the UO2-Zr alloy case with oxidation (computationally) prohibited closely align, as 
shown in Figure 23. Note that TAF and BAF refer to top and bottom of the active fuel height, 
respectively. After 10 hours, the UO2-AT clad case generates approximately half of the hydrogen as the 
reference UO2-Zr case (Figure 25). The relocating core melt dries out the lower head approximately 8.5 
hours after scram (Note: There are additional uncertainties involved with these proposed candidate core 
materials since core degradation mechanisms [material interactions, eutectic formation, failure 
temperatures, etc.] have not been experimentally determined).  

The case using the accident tolerant fuel and clad is designated “ATF-A” in the ensuing discussion. 
Results for ATF-A closely align with the UO2-AT case; however, the core stays mostly intact and 
relocation to the lower plenum is reduced. This behavior is due to the high melting temperature specified 
for the considered accident tolerant fuel material. The relocation characteristics and modeling of the 
candidate accident tolerant fuel material (ATF-A) that were applied in this preliminary analysis should be 
further investigated. 

The steam dryer temperature and main steam line temperature, before the main steam isolation valve, 
are given in Figures 26 and 28. While the water level drops, the fuel superheats the gas flow passing 
through the core and into the steam separators, steam dryers, main steam line and finally out the SRVs. In 
the reference UO2-Zr system, the rapid release of energy from cladding oxidation further accelerates the 
heat-up of the upper structures. However, the UO2 fuel and Zr alloy cladding begins to relocate into the 
bottom head sending additional steam upwards. The additional steam flow limits the temperature rise in 
the upper structures. Soon afterwards, the bottom head fails and the melt relocates ex-vessel. However, 
for the other modeled cases for which there is low/no cladding oxidation and the core remains intact for a 
longer period, the upper structures continue to heat up. A limitation in MELCOR and the current Peach 
Bottom model is the inability to melt and relocate upper structures and core shroud. Thus, even though 
temperatures are predicted well above the structural failure limits and are in the range of the material 
melting point (1675-1725 K), the structures are modeled as remaining intact. 

Table 8 summarizes the differences in the predicted accident progression timing between the reference 
UO2-Zr case and the UO2-AT clad case. The modeled advanced cladding case (UO2-AT) indicates slower 
accident progression, providing a few extra hours for accident response measures. 
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Figure 23. Core water level, STSBO.          Figure 24. Peak intact cladding temperature, STSBO. 
 
 

  
Figure 25. In-core hydrogen generation, STSBO.         Figure 26. Steam dryer temperature, STSBO. 
 
 

 
Figure 27. Energy source terms, STSBO.     Figure 28. Main steam line temperature, STSBO. 
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Table 8. STSBO Event Timing Comparison. 

Event UO2-Zr Case 
Time [hrs.] 

UO2-AT Clad Case 
Time [hrs.] 

Difference 
ΔTime [hrs.] 

First cladding gap release  1.23 1.26 0.03 
Time to 50 kg H2 generated  1.52 2.59 1.07 
First channel box failure 1.87 4.22 2.35 
First cladding relocation 2.07 4.93 2.86 
Lower head dries out 3.98 8.52 4.54 
Lower head failure 4.64 12.14 7.50 

6.4.3 LTSBO 
The LTSBO scenario results are generally consistent with the STBSO scenario results, except the time 

scales are extended (Figure 29-32). The first 12 hours of the accident (scram, RCIC operation, boildown) 
are similar between the cases.  

Around 12 hours, cladding oxidation in the reference UO2-Zr case accelerates, generating hydrogen 
and causing the excursion in cladding temperature, shown in Figure 30. The first cladding failure and 
relocation occurs at 14.1 hrs. In contrast, the cladding temperature for the cases with advanced materials 
increases at a slower rate due to the reduced cladding oxidation (or lack of cladding oxidation for the 
UO2-Zr case in which Zr oxidation was prohibited [UO2-Zr No Clad Ox.]). By reducing the cladding 
oxidation, the time to the first cladding relocation is delayed by 6.1 hours, occurring at a predicted 20.3 
hours after shutdown for the UO2-AT clad case. 

The UO2-AT clad and ATF-A cases became unstable during core relocation and the simulations were 
terminated in MELCOR. However, the UO2-Zr case with prohibited cladding oxidation was extended 
through the 24-hour simulation duration. The UO2-AT clad case is expected to closely follow the UO2-Zr 
case without cladding oxidation (UO2-Zr No Clad Ox.). 

The steam dryer temperature response, shown in Figure 32, is similar to that predicted in the STSBO 
scenario. The reference UO2-Zr case results in a rapid heat-up of the steam dryer during cladding 
oxidation; however, the temperature is reduced as the melt relocates into the lower head and then ex-
vessel. In contrast, the UO2-AT and ATF-A cases employing advanced materials have a more gradual and 
long-term heat-up of the steam dryers reaching very high temperatures. The integrity of the upper 
internals at such high temperatures over such long durations is questionable. 

   
Figure 29. Core water level, LTSBO.       Figure 30. Peak intact cladding temperature, LTSBO. 
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Figure 31. In-core hydrogen generation, LTSBO.    Figure 32. Steam dryer temperature, LTSBO. 

Table 9 summarizes the differences in the predicted accident progression timing between the nominal 
UO2-Zr case and the UO2-AT clad case. The advanced cladding slows the accident progression, providing 
several extra hours for accident response measures. 

Table 9. LTSBO Event Timing Comparison. 

Event 
Reference  

UO2-Zr Case 
Time [hrs.] 

 
UO2-AT Clad Case 

Time [hrs.] 

 
Difference 
ΔTime [hrs.] 

First cladding gap release  11.83 12.54 0.71 
Time to 50 kg H2 generated  12.89 15.42 2.53 
First channel box failure 13.83 19.38 5.55 
First cladding relocation 14.12 20.25 6.13 
Lower head dries out 16.38 *23.52 *7.14 
Lower head failure 17.55 *24.48 *6.93 

6.4.4 Mitigated STSBO (MSTBO) with Water Injection via Control Rod Drive 
In the modeled MSTBO scenario the STSBO is successfully mitigated by operators recovering water 

injection capability through the control rod drive (CRD) pumps. In these simulations the CRD pumps 
inject water from the condensate storage tanks at the rate of 110 gpm (0.42 m3 per min), which is the 
nominal PB CRD pump capacity after scram. The core slowly refills and remains partially exposed for 
many hours, as indicated by the core water level in Figure 33. Only the reference UO2-Zr and UO2-AT 
clad cases were analyzed.  

The reference UO2-Zr case reaches a predicted peak cladding temperature of 1720 K (Figure 34) while 
the UO2-AT clad case reaches a predicted peak cladding temperature of 1455 K. Coincidentally, the UO2-
AT clad case remains below the regulatory peak cladding temperature limit of 1204oC (2200°F or 1477.7 
K). The reference UO2-Zr case produces a predicted 583 kg of hydrogen (Figure 35) over the time 
interval of 1.75 to 8 hours after scram, while the UO2-AT clad case is predicted to produce only 31 kg. In 
the reference UO2-Zr case, the steam dryer reaches temperatures (Figure 36) similar to those predicted in 
the STSBO and LTSBO scenarios. However, for the UO2-AT clad case, the predicted steam dryer 
temperature is much lower than that predicted to occur in the STSBO and LTSBO scenarios. 
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Figure 33. Core water level, MSTSBO.           Figure 34. Peak intact cladding temperature, MSTSBO. 
 
 

   
Figure 35. In-core hydrogen generation, MSLTSBO.    Figure 36. Steam dryer temperature, MSTSBO. 
 

6.4.5 MELCOR Simulation Limitations for the BWR Case 
Section 6.4 presents example analyses that could be performed to predict possible accident tolerant 

fuel and cladding performance for BWR accident cases. A few modeling limitations were encountered in 
the BWR MELCOR model. First, for a BWR simulation, the channel box and fuel cladding are both hard 
coded to use the same material definition. Thus, the material specification and properties cannot be 
altered independently for these components without significant modification to the code. Second, the heat 
of reaction (that of Zircaloy) during oxidation is hard coded in MELCOR. Another code limitation is that 
fuel oxidation is not modeled by MELCOR. While this is of limited interest for UO2, future fuel materials 
may be more susceptible to oxidation. These limitations restrict a user’s ability to evaluate advanced fuel 
and cladding materials that are outside the scope of the traditional UO2, Zirconium alloy, and steel 
system. Additional modifications to the structure of the MELCOR code are possible and could be 
available for future concept evaluations, but additional code development activity would be required. 

As new robust fuels and claddings are developed, the other structures within the RPV may face 
additional challenges and need to be highlighted for evaluation. Currently, a limitation in MELCOR is the 
inability for the upper internal structures and the core shroud in BWRs to melt and relocate. The 
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simulation results presented here suggest that the upper internals may be challenged before the fuel for 
cases with advanced fuels/cladding.  

This study focused on a potential analysis approach that could be applied to assess the in-vessel impact 
of candidate advanced fuels and cladding on BWR accident progression with respect to accident 
progression timing, hydrogen production and component temperatures. Future analyses may also 
encompass the impact of advanced fuels and claddings on the ex-vessel phase of an accident (Farmer et 
al. 2014). Note that the potential additional material that could derive from melting and relocation of the 
upper structures may also impact the ex-vessel progression. Finally, the fission product release 
characteristics for candidate advanced fuels will need to be developed and integrated into system analysis 
tools to analyze their risk reduction potential.   

66..55 CCoonncclluussiioonnss  ffrroomm  PPrreelliimmiinnaarryy  BBeeyyoonndd  DDeessiiggnn  BBaassiiss  
AAnnaallyyssiiss  RReessuullttss  

This section presented several analysis results for hypothetical accident tolerant fuel and cladding 
materials. These types of analyses will be useful in evaluating various candidate materials relative to the 
reference UO2-Zr case, from a full-core and system perspective, to predict their potential performance and 
safety benefits.  

Preliminary, example analysis results indicate that higher melting point / lower hydrogen producing 
core components will not preclude a severe accident. There are no “silver bullets” in fuel and cladding 
design. If core cooling cannot be restored, the severe accident will continue. The time for boil-off and 
uncovering of the core is primarily dependent upon the fuel decay heat rather than the latent heat of the 
fuel at the start of the accident. Assuming that the decay heat from candidate fuel materials is comparable 
to the traditional UO2-Zr system, changing the cladding and fuel will have a minor impact on the early 
stages of a BDBA. Potential ATF benefits begin to be realized when the system reaches a point at which 
the cladding begins to oxidize. The use of ATF concepts can potential provide increased margin (time) for 
accident response and mitigation measures. This additional time available to restore core cooling and to 
mitigate the accident is on the order of an hour to a few hours for the hypothetical example cases 
presented. The rate of hydrogen generation, which can exacerbate an accident, is also potentially slowed 
by adoption of candidate ATF materials. Both the PWR and BWR analyses highlighted some of the 
limitations with the selected MELCOR code with respect to modeling ATFs; these limitations should to 
be addressed for subsequent analyses that employ MELCOR for the evaluation of ATF performance. 

A significant number of experiments (materials-interaction and degraded-core) conducted over the 
previous thirty years have yielded the current state of knowledge on the progression of BDB accidents in 
LWRs with UO2-Zircaloy cores. In general, the initiation of core degradation in current cores starts with 
failure (via eutectic interactions) of the control elements, which then propagates into the fuel assemblies 
and accelerates the fuel/cladding failure. It is imperative with the study or introduction of ATFs into 
nuclear cores that the influence of all the core components be considered on the core degradation process 
(e.g. the stainless steel control blade with B4C absorber in a BWR and other RPV stainless steel 
components). 

As noted, in the event that core cooling cannot be restored, the severe accident will continue. Under 
these late phase situations that can include vessel failure, combustible gas production from currently 
proposed advanced cladding types is expected to be similar to that produced by Zr-alloy clad fuel (Farmer 
et al. 2014).   
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77.. DDiissccuussssiioonn  aanndd  PPaatthh  FFoorrwwaarrdd  

This report describes a proposed technical evaluation methodology that can be applied to assess the 
anticipated performance and safety of proposed accident tolerant fuel concepts relative to the current UO2 
– zirconium alloy system.  Rather than focus on individual properties, the approach considers the 
confluence of properties that results in a particular behavior during all phases of possible operation and 
also considers challenges associated with fabrication of each concept. Evaluation tables completed for 
each concept will provide a clearer overview of each new concept relative to one another, highlighting 
expected benefits and vulnerabilities – which can be translated to the risk / benefit ratio for each concept 
and can be linked to the near term versus far term nature of the concept development. The intended goal 
of this exercise is to inform concept down-selection, such that the most promising accident tolerant fuel 
design option(s) can continue to be developed toward qualification. 

Preliminary analyses have been conducted on a handful of ATF concepts, and sensitivity analyses 
have been performed for key performance parameters, including fuel thermal conductivity, cladding 
oxidation rate and cladding heat of oxidation. Sensitivity analyses provide early insight to the key 
parameters to be used for cladding and fuel optimization, while more detailed analyses allow evaluation 
of currently proposed concepts based on the available property and performance data.  

There are no “silver bullets”; if core cooling cannot be restored during the course of a severe accident, 
the severe accident will continue. Multiple ATF concepts are currently being investigated by industry, 
academia and the national laboratories based on their expected potential to increase the time before which 
damage in the core becomes irreversible in an accident sequence. These materials are selected based on 
demonstrated lower oxidation kinetics rates, lower heat of oxidation, and reduced hydrogen generation 
(cladding), or due to the potential for significantly higher thermal conductivity (fuel), which would reduce 
fuel centerline temperature. 

The proposed technical evaluation methodology will be applied to evaluate the ability of each of these 
concepts to meet performance and safety goals relative to the current UO2 – zirconium alloy system and 
relative to one another.  This ranked evaluation will be used to enable the continued development of the 
most promising ATF design options given budget and time constraints with a goal of inserting one (or 
possibly two) concepts as an LTR or LTA in a commercial LWR by 2022. 
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Design of an advanced fuel system demonstrating enhanced performance and safety relative to the 
current fuel system first requires understanding of the current state-of-the-art fuel system performance 
under the various system operating regimes. A light water reactor (LWR) core is comprised of hundreds 
of fuel assemblies consisting of a two-dimensional array of rods roughly 4-m in length.  In the vast 
majority of commercial reactors, the fuel rods contain urania fuel pellets inside a zirconium alloy tube. 
The performance of the fuel system and current life limiting challenges and abilities are summarized in 
this section. Section A.2 outlines the performance requirements and phenomena relevant to normal 
operation, while section A.3 provides information on the zirconium-urania system under transient 
conditions such as RIAs and LOCAs.  

A.1 UO2-Zirconium Baseline Properties 
This section discusses the key baseline unirradiated physical properties that characterize the 

performance of uranium dioxide and zirconium alloys used in the current fleet of reactors. The collection 
of baseline property data will aid in the comparison to potential new fuel and cladding materials. The 
physical properties of the fuel system are critical to understanding how the fuel will perform under reactor 
conditions. Many properties, such as melting temperature of the fuel, directly impact the operating limits 
of the reactor.  

Table A-1 summarizes key thermal and mechanical properties for the uranium fuel and the currently 
deployed zirconium alloys in the unirrradiated state. Due to the propriety nature of M5TM and ZIRLOTM 
alloys the public data are limited; however, the primary improvements over Zircaloy-4 are the decreased 
coolant-side corrosion and reduced hydrogen pickup. Most of these properties are significantly impacted 
by irradiation. The effects of irradiation on some of these properties are discussed in section A.2. Many of 
the properties, particularly mechanical properties of zirconium, are dependent on fabrication process and 
heat treatment, which are not discussed in this document. An overview of physical properties of the fuel 
and Zircaloy alloys used in MATPRO and published by NRC can be found in NUREG/CR-6150 
(Hagman 1993). 
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Table A-1. Baseline unirradiated properties of uranium oxide and zirconium alloys. 
 UO2 Surface 

Temperature 
(600K) 

UO2 
Centerline 

(1000K) 

Zr-2  

(600K) 

Zr-4 

(600K) 

ZIRLO™ 

 

M5™ 

Thermal (Carbajo et al. 2001) (Hagman 1993; Adamson 
2011) 

Limited public data available. 

Thermal 
Conductivity 

(W/m*K) 

6.70 4.01 12.65 12.65   

Heat Capacity 
(J/kg*K) 

281 311 290 290   

CTE (1/K) 9.91E-06 1.05e-05 1.49E-3 

(radial) 

3.78E-3 

(axial) 

1.49E-3 

(radial) 

3.78E-3 

(axial) 

  

Density 
(kg/m3) 

10864 10733 65510 65510   

Melting Temp 
(K) 

3120 3120 1858 1858   

Mechanical (Hagman 1993) (ASTM 2013; Northwood, 
London and Bähen1975; 

Bai et al. 1994; Forurgeaud 
et al. 2009) 

(Pan, Garde and 
Atwood 2013; 

Charit and Murty 
2008) 

(Forurgeau
d et al. 
2009) 

Yield Strength 
(MPa) 

N/A N/A 120-160 544 436 
(@ 658K) 

 

Young’s 
Modulus (GPa) 

218 208 79 79 51  
(@ 600 K) 

51  
@ 600K 

Ultimate 
Tensile 

Strength (MPa) 

N/A N/A 200-235 

 

745 508  
(@ 658K) 

 

 

A.2 Normal Operation  
Normal operations and anticipated operational occurrences as defined by the NRC were discussed in 

section 2.3. The normal operations along with AOO conditions are the primary basis of experimental 
operating experience for nuclear reactors. The majority of operational data and history support this 
regime, and the phenomena limiting these operations directly affect the economic viability of plants.  

A.2.1 Nuclear Regulatory Licensing Requirements 
The primary goals of the NRC requirements for normal operation and AOO regimes is to ensure safe 

operation of nuclear plants with no fuel failures from known causes during normal operation and to 
minimize fuel damage to limit severity of fuel failures during accident conditions (U.S. NRC 2007). Fuel 
failure is defined as loss of cladding hermeticity (gas tightness). NUREG-800 provides details on the 
structural and thermal hydraulic analyses that are required to ensure safe operation of plants during 
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normal operation and to minimize the damage to fuel rods. The mechanical analysis must include damage 
from all possible irradiation and burn-up effects. The analysis should state a maximum fretting wear, 
which is then used in the stress and safety analysis. The cumulative number of strain fatigue cycles on the 
structural members should be significantly less than the design limit, which includes a safety factor of 2 
on stress amplitude or a safety factor of 20 on the number of cycles. NUREG-800 also sets out specific 
requirements for fuel damage and performance levels. No cladding liftoff can occur during normal 
operation, and the ability to insert control rods must be maintained. During normal operation and AOOs 
the fuel must be designed such that it will not fail by a specific mechanism. A limited number of failed 
rods is allowed due to the unavoidable nature of operation. In order to minimize the risk of fuel failure the 
cladding must not experience more than 1% uniform strain.   

A.2.2 Corrosion   
Zirconium alloys in general are highly resistant to corrosion; however, they are not immune to 

oxidation in the aggressive conditions that exist inside a commercial nuclear reactor (Franklin and Lang 
1991). The corrosion issues for zirconium alloys in BWRs and PWRs are unique due to the differences in 
operating conditions and alloys used. BWRs utilize Zircaloy-2 (Zr-2), while PWRs previously used 
Zircaloy-4 (Zr-4) and are have now transitioned to Zr-Nb cladding (M5TM and ZirloTM). Other major 
differences between the reactor types that affect corrosion are: coolant boiling in BWRs; relatively high 
concentration of hydrogen in PWR coolant; relatively high concentration of oxygen in BWR coolant; and 
high operating temperature in PWRs (Adamson 2011).  

Corrosion in zirconium alloys occurs via three modes: uniform, nodular, and shadow. Both BWRs 
and PWRs experience uniform corrosion, while shadow and nodular corrosion are observed only in 
BWRs [12]. Uniform oxidation follows a typical power law up to a thickness of 1.5-2 mm (typically 
achieved at ~30 GWd/tHM), at which point it transitions to linear growth rate (Lemaignan and Motta 
1994; Dickson et al. 1979). M5™ and ZIRLO™ have improved corrosion behavior relative to Zr-4, 
remaining below ~30 GWd/tHM, and the transition to faster linear corrosion is delayed in M5™ and 
Zirlo™ resulting in improved corrosion performance (Bossis et al. 2006). 

Corrosion is currently a design limiting issue in LWRs, for which the mechanisms are extremely 
complex and poorly understood. Despite a large database of irradiation performance on zirconium-based 
alloys, the mechanism and a mechanistic understanding of the corrosion behavior of the alloys have 
evaded scientists. Design correlations and limits are almost exclusively empirically based on irradiation 
data (Lemaignan and Motta 1994). 
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Figure A-1. Peak oxide layer thickness for a variety of zirconium alloys, showing the improved performance of Zr-
Nb alloys (Weidinger 2001). 

A.2.3 Hydrogen Pick-up  
Hydrogen pick-up is the absorption into Zircaloy of hydrogen generated during the corrosion process. 

The oxidation of zirconium by water generates free hydrogen ions that can permeate into the zirconium 
metal. The solubility of hydrogen is extremely low at operating temperatures (80-100 ppm); as a result, 
hydrogen precipitates out as hydrides (Adamson 2011). These hydrides are deleterious to the corrosion 
properties, dimensional stability, and mechanical properties of the zirconium alloys. The hydrides 
precipitate and then migrate to areas of high stress, which can result in delayed hydride cracking. The 
presence of hydrides also results in increased uniform corrosion rate, although the mechanism for this 
increase is not understood. Additionally, due to the low density of the hydrides, the hydrogen pickup 
causes swelling in the zirconium alloys. Another concern with the presence of hydrides is their effect on 
long term stability of the cladding during long term dry storage (Adamson 2011; Lemaignan and Motta 
1994; Rudling 2007). 

Zr-2 used in BWRs at burnups above ~50 GWd/tHM experiences accelerated hydrogen pick-up 
(Figure A-2), which currently limits increasing burnup in BWRs (Lemaignan and Motta 1994; Bossis et 
al. 2006; Rudling 2007). Large scatter in the hydrogen content, even within the same fuel rods, is 
observed at high burnups. Zirconium alloys used in PWRs have a higher hydrogen content on average due 
to the higher operating temperatures in PWRs versus BWRs. The hydrogen content for M5 has been 
reported to go up to 60-80 ppm at high burn-ups (Geelhood 2009). The exact values for M5TM and ZirloTM 
are not publicly available; however, reports to NRC indicate they are lower than Zr-4. 
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Figure A-2. Hydrogen content in advanced (intermediate sized second phase precipitates) Zr-2 claddings (Adamson 
2011a). 

A.2.4 Dimensional Stability of Cladding 
Dimensional stability is critical for components within reactors, which are designed to tight tolerances. 

Deformation can lead to fuel channel bowing and fuel assembly bowing which reduce thermal margin in 
plant design. Dimensional instability in zirconium alloys is due to hydride volume changes, irradiation 
growth due to the hexagonal close-packed (hcp) structure, and irradiation creep (thermal creep is 
insignificant at operating temperatures) (Lemaignan and Motta 1994).  

Hydride formation causes growth within the zirconium alloys due to its lower density (~16% less 
dense than Zr). At 1000 ppm hydrogen ~0.35% growth is seen, which correlates to a 0.5-in growth in the 
fuel column length (Adamson 2011).  

Irradiation growth in zirconium is anisotropic due to the hcp structure and is strongly dependent on 
texture and fluence. The strong correlation with fluence and the non-uniform flux profile in reactors 
results in non-uniform growth within long core components such as fuel rods (Lemaignan and Motta 
1994; Franklin 1982). Both Zr-2 and Zr-4 alloys experience breakaway irradiation growth above ~10-15 
dpa, while Zirlo™ and M5™ show no breakaway irradiation growth rates out to 20-25 dpa (the limit of 
data collected) (Adamson 2011).  

Irradiation creep is critical to the interaction of the cladding with the fuel pellets. Initially a gap exists 
between the fuel pellet and cladding. The cladding then creeps down to close this gap. Understanding the 
high burnup creep properties of zirconium alloys is critical to knowing when the gap reopens and how 
large the gap will become (Rudling 2007, 2011). Creep is also the limiting property for many accident 
scenarios, such as LOCA and RIA, due to the high temperatures encountered during these accidents. 
Zirlo™ and M5™ have improved irradiation and thermal creep properties, allowing a larger safety 

                                                        
 
 
 
 
a ANT Reports are conglomerations of international work; full references for included data can be found in the reports. 
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margin during accident scenarios than earlier zirconium alloys (Lemaignan and Motta 1994; Rudling 
2007, 2011; Matsuo 1989).  

Due to the complex interaction between irradiation growth and irradiation creep in zirconium alloys 
the mechanisms are poorly understood, although several mechanisms have been suggested. Empirical 
correlations are currently used for design basis analysis, which limits the extension of their use to design 
space outside of currently operating reactors with UO2-Zr alloy fuel (i.e. accident tolerant fuels comprised 
of different materials) (Adamson 2011; Lemaignan and Motta 1994; Matsuo 1989). 

A.2.5 Fuel Swelling 
Fuel swelling is important in calculating cladding strain, fuel cladding liftoff, initial gap size, and 

PCMI. Fuel swelling is the result of both solid and gaseous fission product generation during operation. 
Swelling due to solid fission products shows a wide range of values due to the fission rate and 
temperature profile across the fuel pellet; however, it is assumed to be independent of temperature, 
stoichiometry and stress (Lambert and Strain 1994). The swelling rates range from ~0.32% per 10 
GWd/MTU (historical value) to ~0.61% per 10 GWd/tHM (MATPRO/FRAPCON value) (Lambert and 
Strain 1994; Geelhood et al. 2011). For calculation purposes the most conservative value is used; 
therefore, the higher rate is used for cladding strain evaluations while the lower rate is used for critical 
internal gas pressure for cladding liftoff (Patterson 2012). Swelling due to gaseous fission products varies 
strongly with temperature, fission rate, and stress within the fuel. The gaseous swelling rate also changes 
as function of burnup, increasing from 0.36% per 10 GWd/MTU at lower burnup to 0.7% per 10 
GWd/MTU at high burnup (80 GWd/MTU) (Spino et al. 2005). Due to the critical nature of fuel swelling 
in fuel performance, the swelling behavior over the life of the fuel and under a large variety of conditions 
is required to adequately inform fuel design. A fuel having minimal swelling is desirable to maintain 
dimensional stability. A more accurate swelling model for the current fuel system could result in reduced 
conservatism.  

A.2.6 Fission Gas Release 
Fission gas release from the oxide fuel during normal operation is critical to performance in both 

normal and accident scenarios. Approximately 25% of all fission products are gaseous species (Xe, Kr), 
and the inventory of the fission gas in the fuel rod increases with increasing burnup. The majority of 
fission gas atoms are initially stored in the fuel lattice. These fission gases then diffuse to small bubbles, 
which then coalesce on grain boundaries (Geelhood 2005). The primary route for fission gas release 
during normal operating conditions is diffusion along the grain boundaries to the exterior of the pellets 
(Lambert and Strain 1994; Lambert et al. 2007). The fission gas release fraction is highly temperature and 
burnup dependent, as shown in Figure A-3.  Low fission gas release is desirable to prevent over 
pressurization of the cladding, which can result in cladding liftoff at high burnups. Liftoff is disallowed 
by NRC during normal operations (U.S. NRC 2007; Lambert and Strain 1994; Patterson 2012). The 
release of fission gas to the plenum during normal operation is also deleterious in the case of fuel failure, 
since the radioactive fission gas can be released into the coolant (Lambert and Strain 1994). 
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Figure A-3. Fission gas release as a function of temperature (linear heat rate) and rod average burnup (Patterson 
2012b). 

 

A.2.7 Fuel Thermal Conductivity 
Fuel thermal conductivity is critical to the removal of heat from a system and is a potentially limiting 

factor in reactor design. The heat in the reactor is generated throughout the fuel. Hence, the fuel thermal 
conductivity limits the rate the rate at which heat is tranferred out to the coolant. The relatively low 
thermal conductivity of oxide fuels is one of its major drawbacks. The thermal conductivity of oxide fuels 
decreases rapidly at the begining of life due to radiation damage and fission products acting to produce 
scattering. The effect of irradiation temperature and burnup on the thermal conductiivty of LWR fuel was 
most extensively reviewed by Ronchi et al. (2004) and is summarized in Figure A-4.  

                                                        
 
 
 
 
b ANT Reports are conglomerations of international work; full references for included data can be found in the reports. 
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Figure A-4. Experimental data showing the decrease in thermal conductivity as a function of burn-up and 
irradiation temperature for oxide fuel (Ronchi et al. 2004). 

 

A.3 Performance under Accident Conditions 
The primary goal of the accident tolerant fuel program is to develop and deploy advanced fuel 

systems that are more resistant to accident situations than the current LWR fuel. Understanding how the 
current UO2-zirconium alloy system performs under extreme accident scenarios that have occurred, and 
testing to ensure survival in postulated scenarios, is critical to developing fuels having improved 
performance. Section 2.3 describe the NRC-defined accident scenarios in detail. 

A.3.1 NRC Requirements 
The primary NRC requirements for performance under accident conditions are aimed at reducing 

dose to the public from the damaged plant (U.S. NRC 2007). In order to meet the dose limitations set out 
in 10 CFR 100, certain criteria and restrictions have been put in place by the NRC. The ultimate goal of 
the requirements is to ensure that coolable geometry is maintained during and following an accident. The 
regulations currently in place were developed for the UO2-zirconium alloy fuel system and would need to 
be modified for new fuel types. Coolable geometry is defined in NUREG-800 as the retention of the rod-
bundle geometry with adequate coolant channels to remove residual heat (U.S. NRC 2007). The ability to 
cool the reactor after an accident can be negatively impacted by cladding embrittlement, violent expulsion 
of fuel, generalized cladding melting, gross structural deformation, and extreme coplanar fuel rod 
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ballooning.  To limit cladding embrittlement, the peak cladding temperature during either a RIA or LOCA 
cannot exceed 1204oC (2200oF) and the peak oxidation must remain below 17% of the thickness of the 
cladding prior to oxidation. The coolability of the fuel during an accident is further restricted by the 
regulations in that the average fuel enthalpy must remain below 230 cal/g (960 J/g) and the peak fuel 
temperature must remain below the fuel melting temperature. Additionally, no loss of coolable geometry 
can be caused by fuel pellet and cladding fragmentation and dispersal or fuel rod ballooning. NRC 10 
CFR 50.46b also restricts the total amount of hydrogen that can be generated during a LOCA from 
reaction with the zirconium cladding to less than 1% of the amount that would be generated if all of the 
cladding material were to react.  

For purposes of calculating the potential dose to the public the NRC requires that, for PWRs, clad 
failure should be assumed when the calculated heat flux equals or exceeds the DNBR for zero power, low 
power and full power RIA events. For BWRs, cladding failure is assumed for rods that experience a 
maximum radially averaged fuel enthalpy greater than 170 cal/g (711 J/g) for RIA events initiated from 
zero or low power. For rated power conditions, fuel rods that experience cladding dryout should be 
assumed to fail (U.S. NRC 2007). 

In summary, the NRC Requirements establish the following criteria under design basis accident 
scenarios: 

• Reactor must maintain coolable geometry 

• Peak cladding temperature less than 1204oC 

• Enthalpy of the fuel must be <230 cal/g (960 J/g) 

• Failure is assumed for PWR cladding with heat flux ≥ DNBR 

• Failure is assumed for BWR cladding when enthalpy > 170 cal/g (711 J/g) 

A.3.2 Reactivity Insertion Accident 
The schematic of fuel performance during a RIA, Figure A-5, describes the various scenarios that can 

occur within the fuel depending on the fuel history and intensity of the accident. 

A.3.2.1  Cladding Failure 

Fuel failure during a RIA event is largely controlled by failure of the cladding. At low burnup, 
oxidized, embrittled cladding can fail due to post-DNB fracture. At higher burnup, PCMI failures can 
occur, and post-DNB ballooning and creep burst can occur for fuel rods that have an internal 
overpressure. These failure mechanisms and the change in pellet gap and clad ductility are shown 
schematically in Figure A-6 (Rudling 2012). The change in the failure mechanisms at increasing burnup 
results from changes in the mechanical properties of the cladding. The combination of cladding 
embrittlement due to corrosion and hydrogen pick-up and fuel swelling makes PCMI a dominate failure 
mechanism for high burnup fuel rods during an RIA (Rudling 2007).  
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Figure A-5. Schematic showing the possible routes to failure and fuel dispersal during a postualted RIA event (Le 
Saux 2007). 
 

 
Figure A-6. The effect of enthalpy increase and burn-up on the failure mechanisms active during an RIA event 
(Sunderland et al. 2004). 
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A.3.2.2 Fuel Dispersal 

Fuel dispersal is undesirable due to the potential for rapid generation of steam interacting with the fuel 
particles, which can cause damage to nearby fuel assemblies and even reactor pressure vessels if large 
enough. Fuel rods become more susceptible to fuel dispersal at lower enthalpy spikes with increasing 
burnup, as seen in Figure A-7. The reason for this increase in potential fuel dispersal is two-fold. First, the 
higher burnup cladding is more brittle, resulting in larger cracks. Second, the high burnup structure that 
forms in the fuel turns into small fragments under RIA conditions and is more easily dispersed through 
cladding cracks (Rudling 2007; Jernkvist and Massih 2010). 

 

 
Figure A-7. Closed symbols are fuels which experiences significant (>10% inventory) fuel dispersal, while the open 
symbols are fuel pins which showed <10% inventory fuel dispersal (Jernkvist and Massih 2010). 
 

A.3.3 LOCA 
Postulated LOCA scenarios considered when designing a reactor for NRC licensing were previously 

discussed in section 2.3. This section provides more detail on the uranium-zirconium system performance 
and potential issues under such an event. Figure A-8 shows a temperature-time plot of the cladding during 
a hypothetical LOCA event, along with potential failure points during the LOCA. Note that ECR is extent 
of cladding reacted; other acronyms have been previously defined. 
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Figure A-8. Schematic of the fuel cladding temperature as a function of time during a hypothetical LOCA event 
(Grandjean et al. 2004). 

 

A.3.3.1 Ballooning/Creep Rupture 

During the initial blowdown phase of a LOCA the rapid decrease in system pressure along with 
increase in fuel temperature and fission gas pressure can result in ballooning of the cladding material. The 
ballooning requires the cladding to have retained sufficient ductility during normal operations, and is also 
related to the amount of fission gas that has been released. The extent of ballooning and potential for 
bursting are highly dependent on the cladding stress, temperature, and creep strength. The creep strength 
is highly dependent on oxidation and hydrogen pick-up. The concern associated with cladding ballooning 
without rupture is the potential for coolant channel blockage. If the stress is too large, bursting may occur. 
A cladding burst would allow steam oxidation of the interior of the cladding surface, which can 
significantly reduce the ductility of the remaining cladding and affects the extent of cladding reacted 
(ECR) later in the LOCA. Bursting also results in the release of noble gases, iodine, and cesium; however, 
due to the small size of the rupture, very little fuel dispersal is observed (Pettersson 2009). 
A.3.3.2  Cladding Embrittlement, Breakaway Oxidation, and Quenching 

The temperature rise during a LOCA event results in an increased cladding reaction rate. This reaction 
causes thicker layers of ZrO2 to form on the cladding that eventually begin to spall. This behavior results 
in breakaway oxidation and high hydrogen pick-up fraction in the cladding. The amount of hydrogen 
pick-up decreases the cladding ductility (Adamson et al. 2007). The engagement of the ECCS results in 
rapid decrease in cladding temperature, which can result in the fracture of the embrittled cladding due to 
thermal shock.  M5TM and ZirloTM alloys have been demonstrated to have similar LOCA behavior to 
Zircaloy alloys (Sabol 2005).  
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A.3.4 Testing for Accident Conditions 
No nuclear accidents have occurred that fall within the current DBA. Commercial reactor operators 

cannot perform accident testing without damage out-of-pile, and test reactors for in-pile testing are 
required to determine predicted performance under accident conditions. Unfortunately, the currently 
available reactor test facilities are unable to directly simulate many key parameters of commercial LWRs.  
The facilities available for RIA testing are outlined in Figure A-9 and compared to conditions in a typical 
PWR. The primary difficulty is the lower temperature and narrower pulses in the test reactor conditions 
that would result in reduced clad ductility and increased tendency for fuel fragmentation and fuel 
dispersal than in commercial PWR. These differences make transferring data from these test reactors to 
commercial reactors very difficult. 

 

 
SPERT (Special Power Excursion Reactor Test Program) – US, shutdown 1970 

PBF (Power Burst Facility) - US, shutdown 1985 
IGR (Impulse Graphite Reactor) – Kazakhstan, operational 

BIGR - Russia, operational 
NSRR (Nuclear safety research reactor) – Japan, operational 

CABRI - France, operational  
Figure A-9. RIA testing capabilities compared to commerical RIA conditions (Jernkvist and Massih 2010).  
 

The vast majority of LOCA testing has consisted of isothermal heating of fuel rods which are then 
quenched to simulate a LOCA; however, Maillat, Grandjean and Clement (2003) highlighted the 
deficiency in previous testing using this approach. A key shortcoming of this test method is the inability 
to match the temperature profile that results from neutron heating in a reactor environment. The fuel 
profile before and after quench during a LOCA is shown in Figure A-10. The middle of the fuel 
experiences a ~500oC drop, while the edge of the fuel temperature increases by ~700oC. These results can 
only be replicated via neutron heating. OECD is currently planning on LOCA tests that are neutron heated 
in Halden to determine the impact of having realistic temperature profiles during a LOCA quenching test 
on fuel performance (Rudling 2012).  
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Figure A-10. Fuel temperature profile and resulting stresses during LOCA event (Maillat, Grandjean and Clement 
2003). 
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Establishment of a test matrix for candidate fuel and cladding shall include all licensing criteria and 
shall identify existing test standards or characterization tests for which standards must be developed for 
future qualification. Categories for cladding tests and proposed test objectives, constraints, or associated 
details are provided below. 

• Steam testing  
− Leading cladding material candidates can be identified via a large array of tests of cladding 

coupons. Initial coupon screening could be followed by steam testing of short tubes before 
conducting a reduced test matrix with full-length rodlets under accident conditions. 

− ATF should demonstrate “longer” survival at elevated temperature before loss of strength and 
ductility relative to the current system; baseline tests should be included for the current 
cladding alloys. 
Note: No specific, desired coping time has yet been defined for accident tolerant fuels. 
However, it is assumed that a minimum increase in the anticipated survival time on the order of 
hours would be required for the industry to consider pursuing advanced cladding options. This 
assumption was generally agreed upon at the international metrics meeting [OECD/NEA 
2013]. 

− The definition of the test matrix must include:  
" Temperature ramp rate 
" Hold time at 800oC, 1000 oC, 1204 oC, plus higher temperature testing to determine point of 

failure 
− Matrix of environmental conditions:  

" 100% steam at atmospheric pressure and at elevated pressure 
" Mixed steam / hydrogen environment 
" Rapid quench – simulate ECCS injection 
" Steam shock test – expose heated cladding with dry steam (e.g. cladding at 1400 oC  

shocked with 1000 oC steam) 
− Quench at lower temperature (e.g. 800 oC)  

" Essentially freezes the H2 in the cladding, preventing H2 from precipitating out at higher T 
" This test could set a worst case for loss of cladding ductility 

− Measure mechanical properties before / after steam exposure  
" Tensile test, burst test, ring compression test, post-LOCA screening test for ductility 

− Measure onset of oxidation, oxidation rate, and heat of oxidation for specified conditions 
− Assess possible chemical interactions with other core materials, including the expected 

temperatures at which those interactions might be expected to occur 
• Pellet-Clad Chemical Interaction (PCCI) 

− Diffusion couple tests at defined temperatures in a helium environment, at pressure 
− Test at normal operating temperature with contact between fuel and cladding 
− Test under stress at possible accident temperatures – 1130oC, 1204 oC, etc. 
− Note: Specific test temperatures should be established based on knowledge of eutectic 

formation in the proposed fuel / clad system  
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• Erosion flow testing – normal conditions 
− Flow velocity, thermal cycling, water chemistry control (pH, dissolved O2, contaminants) 
− Assess adhesion of coatings, possible spalling of material 
− Evaluate effects of friction, wear and fretting  
− Determine effect of cladding selection (surface features) on heat transfer coefficient, DNB, etc. 

• Evaluate stress corrosion cracking (SCC) of cladding in coolant environment (autoclave test) 
− Evaluate cold (pre-irradiation) and neutron irradiated material 

• Assess material stability  
− Coefficient of thermal expansion (CTE) mismatch (particularly important for hybrid cladding 

options) 
− Test with external pressure on cladding tube 
− Coupon test under neutron irradiation 
− Measure irradiation creep 
− Test with 0.5 – 1% cladding creep down 

• Drop test (1-ft and 30-ft) to meet transportation requirements (10 CFR 71) 
− Conduct normal tensile test; determine break point for strain 
− Evaluation criteria: fuel and cladding material should not deform at established acceleration 

limits (shock testing for fresh fuel)  
• Standard corrosion testing (normal operating conditions) 
• Mechanical properties measurement 

− Tensile testing (cold, at temperature, post-irradiation) – hoop and axial testing 
− Burst (pressurize to failure) – at room temperature and elevated temperature (~350oC); higher 

temperature testing for LOCA analysis 
− Fracture toughness (testing of cold, elevated temperature, and irradiated sample coupons; 

success criteria must be established) 
− Fatigue testing – apply standard test for Zr-based clad (vendors currently conduct these tests)  

" Used to determine safe stress level 
" Cyclic loading under basic reactor conditions 

− Determine ductile to brittle transition – pre- and post-irradiation  
− Assess potential benefits of ion irradiation experiments – analysis should be conducted to 

clarify potential value and limits of ion irradiation for initial comparative studies of candidate 
materials 

• Measurement of thermophysical-mechanical properties – pre- and post-irradiation 
− Elastic properties 
− Density 
− Thermal Conductivity 
− Heat capacity 
− Diffusivity  
− Emissivity 
− Microstructure and microstructure evolution 
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− Evaluate possible processing-induced differences in the material, effect of radiation damage, 
multi-layer cladding issues 

• Measure tritium permeability 
• Evaluate fabrication related issues (e.g., ability to fabricate long tubes, seal end caps) 
• Robustness tests (e.g., assess possible handling concerns) 

− Identify industry standards for fuel rod insertion into grid with regard to material hardness, 
scratching, etc.  

− Acceptable scratch depth for current Zr cladding is a maximum of 9% of wall thickness; 
evaluate how this requirement translates to the candidate cladding material 

− Measure material microhardness  
• Assess joining issues (overall cladding hermeticity, weldability, joint mechanical strength, etc.) 
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By Shannon Bragg-Sitton 

The safe, reliable, and economic op-
eration of the nation’s nuclear pow-
er reactor fleet has always been a top

priority for the United States’ nuclear in-
dustry. Continual improvement of technol-
ogy, including advanced materials and nu-
clear fuels, remains central to the industry’s
success. Decades of research combined with
continual operation have produced steady
advancements in technology and have yield-
ed an extensive base of data, experience, and
knowledge on light-water reactor fuel per-
formance under both normal and accident
conditions. Thanks to efforts by both the
U.S. government and private companies, nu-
clear technologies have advanced over time
to optimize economic operations at nuclear
power plants while ensuring safety.

One of the missions of the Department of
Energy’s Office of Nuclear Energy (NE) is
to develop nuclear fuels and claddings with

enhanced accident tolerance. in 2011, fol-
lowing the earthquake and tsunami in Japan
and the subsequent damage to the Fukushi-
ma Daiichi nuclear power plant complex,
enhancing the accident tolerance of LWRs
became a topic of serious discussion. As a
result of direction from Congress, NE initi-
ated accident-tolerant fuel (ATF) develop-
ment as a primary component of the Fuel
Cycle Research and Development (FCRD)
Advanced Fuels Campaign. 

Prior to the accident at Fukushima, the
emphasis of advanced LWR fuel develop-
ment was on improving nuclear fuel per-
formance in terms of increased burnup for
waste minimization, increased power den-
sity for power upgrades, and increased fuel
reliability. Fukushima highlighted some un-
desirable performance characteristics of the
standard fuel system during severe acci-
dents, including accelerated hydrogen pro-
duction under certain circumstances. Thus,
fuel system behavior under design-basis ac-
cident and severe-accident conditions be-
came the primary focus for advanced fuels,
along with striving for improved perfor-
mance under normal operating conditions
to ensure that proposed new fuels will be
economically viable.  

The goal of the ATF development effort is
to demonstrate performance with a lead test
rod (LTR) or lead test assembly (LTA) irra-
diation in a commercial power reactor by
2022. Research and development activities

are being conducted at multiple national lab-
oratories and universities and within the in-
dustry, with support from the DOE program. 

Current LWR fuel standard
The U.S. commercial fleet produces elec-

tricity in LWRs using a standard uranium
dioxide –zirconium (UO2-Zr) alloy fuel sys-
tem. The design and development of an ad-
vanced fuel demonstrating enhanced acci-
dent tolerance first requires an understand-
ing of the performance of the current
state-of-the-art fuel system under the vari-
ous system operating regimes. Decades of
industry research and operational experi-
ence have produced an extensive database
supporting the performance of LWR fuel
during normal power operations and dur-
ing postulated accident conditions. The nu-
clear power industry is focused on contin-
uous improvement and reliable operation
and deploys design enhancements to the
fuel system as they become available. Typi-
cally these are small incremental improve-
ments to the current fuel system design,
which has been optimized over decades.
U.S. boiling water reactors currently use
Zircaloy-2, while pressurized water reactors
previously used Zircaloy-4 and have now
transitioned to zirconium-niobium (Zr-Nb)
cladding (M5 and ZiRLO), with M5 and
ZiRLO demonstrating improved corrosion
behavior relative to Zircaloy-4.  

Post-Fukushima, the focus for advanced fuels is on fuel
system behavior under design-basis accident and
severe-accident conditions, along with improved
performance under normal operating conditions.

Development of advanced accident-
tolerant fuels for commercial LWRs

Shannon Bragg-Sitton is Technical Lead for Advanced
LWR Fuel within the Fuel Cycle Research and De-
velopment (FCRD) Advanced Fuels Campaign (AFC)
at Idaho National Laboratory.
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ATF design goals, constraints
The overall goal of the Advanced Fuels

Campaign is to identify alternative fuel sys-
tem technologies to enhance the safety,
competitiveness, and economics of the U.S.
commercial power reactor fleet. The devel-
opment of an enhanced fuel system sup-
ports the sustainability of the U.S. nuclear
fleet. 

The development of fuels with enhanced
accident tolerance necessarily begins with
the definition of down-selection require-
ments during a concept feasibility assess-
ment. in short, fuels with enhanced acci-
dent tolerance will tolerate the loss of active
cooling in the core for a considerably longer
period of time and to higher temperatures
than the current fuel system while main-
taining or improving fuel performance dur-
ing normal operations. As summarized in
Fig. 1 and defined relative to the current
state-of-the-art system, key requirements
for advanced fuels can be broken into three
main subcategories: 
1) Nuclear Fuel Cladding—Slower reaction
kinetics with steam (for example, reaction
rate and heat of oxidation), slower hydro-
gen (or other combustible gas) generation
rate, and good cladding thermo-mechani-
cal properties. 
2) Nuclear Fuel—Enhanced thermo-
mechanical properties, and enhanced fis-
sion product retention. 
3) Constraints—backward compatible with
current fuel fabrication facilities, fuel han-
dling equipment, and LWR designs; im-
proved operational and safety envelope
(normal, anticipated conditions, and repre-
sentative accident scenarios); and minimal
economic impacts. 

Advanced nuclear fuel and cladding
must maintain, at a minimum, the level of
performance and safety margin associated
with the current industry standard fuel sys-
tem. To warrant the additional costs asso-

ciated with the development, licensing, and
implementation of a new fuel technology,
advanced fuel options must not just meet
these performance levels but must exceed
them by providing for the possibility of
power uprates, increased fuel burnup, re-
duced number of assemblies per reload,
and increased cycle length (reduced outage
frequency), as well as significantly en-
hanced safety performance under off-
normal conditions.

Any new fuel concept proposed for en-
hanced accident tolerance under rare events
must also be compliant with and evaluated
against current design, operational, eco-
nomic, and safety requirements. The com-
plete fuel cycle must be considered, espe-
cially for concepts that represent a signifi-
cant departure from the current technology.
Candidate advanced fuel concepts should
also be evaluated in the context of other po-
tential plant-level improvements—such as
access to emergency cooling water and ad-
ditional battery power—that are being de-
veloped to enhance overall safety to fully
characterize the impact of the candidate fu-
els on reactor operations. 

The constraints associated with com-
mercial nuclear fuel development and de-
ployment are as follows (also see Fig. 2):
� Backward compatibility—Regardless of
whether the actual deployment target is a
current or future reactor, the fuel is likely to
be fabricated in existing fuel fabrication fa-
cilities and qualified and initially demon-
strated in existing commercial reactors.
Proposed fuel concepts should not require
modifications to the fabrication plant or
host reactor for demonstration irradiation.
This backward-compatibility constraint en-
compasses existing fuel handling equip-
ment, fuel rod or assembly geometry, and
co-resident fuel in the reactor. 
� Operations—A new fuel system must
maintain or extend plant operating cycles,

reactor power output, and reactor control.
To maintain current operational levels,
some proposed fuel system concepts may
require higher fuel enrichment. While the
impact of higher enrichments is fairly well
understood from a technical perspective,
regulatory, equipment, and fuel perfor-
mance issues would have to be addressed
for both the fuel fabrication facility and the
operating plant.
� Safety—The safety and performance of
a proposed new fuel system must be as-
sessed relative to that of the UO2–Zr alloy
system under normal, operational transient,
design-basis accident, and beyond design-
basis conditions. During the current feasi-
bility assessment phase, specific emphasis is
being placed on long-term station blackout,
loss-of-coolant accidents (LOCA), and re-
activity insertion accidents.
� Front end of the nuclear fuel cycle—The
impact of new fuels and cladding on the
front end of the nuclear fuel cycle must be
assessed within the framework of current
and future regulations and policies. For in-
stance, if an advanced stainless steel
cladding were to replace Zr-based alloys
and maintain the same wall thickness, the
required fuel enrichment would increase by
1 to 2 percent (referred to as the uranium-
235 penalty). Some concepts could require
even greater increases in enrichment. in ad-
dition to the economic penalty associated
with fuel enrichment activities, higher en-
richment would result in lower uranium
utilization, would have a major impact on
operations at current enrichment and fuel
fabrication plants, and would require
changes to operating licenses. 
� Back end of the nuclear fuel cycle—A new
fuel system could also have an impact on the
back end of the nuclear fuel cycle. The stor-
age (wet and dry) and repository perfor-
mance of the fuel (assuming a once-through
fuel cycle) must not be degraded; otherwise,

High 
temperature 

during loss of 
active cooling 

 

Slower Hydrogen Generation Rate 
- Hydrogen bubble 
- Hydrogen explosion 
- Hydrogen embrittlement of the clad 

Improved Cladding Properties  
- Clad fracture 
- Geometric stability  
- Thermal shock resistance 
- Melting of the cladding 

Improved Fuel Properties  
- Lower operating temperatures 
- Clad internal oxidation 
- Fuel relocation / dispersion 
- Fuel melting  

Enhanced Retention of Fission Products 
- Gaseous fission products 
- Solid/liquid fission products 

Improved Reaction Kinetics  
with Steam 
- Heat of oxidation 
- Oxidation rate 

Fig. 1. Major issues that need to be addressed in establishing accident-tolerant fuel attributes
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engineering solutions must be augmented
during storage and disposal. Over the long
term, U.S. policy changes to make the tran-
sition to a closed fuel cycle that would in-
clude reprocessing and recycling would re-
quire an evaluation of the impact of the new
fuel form on reprocessing, which in turn
would require licensing modifications, in
addition to changes in operational proce-
dures and handling equipment. An assess-
ment of the impact of a new fuel on poten-
tial future fuel cycles will be coordinated
with the FCRD Separations and Waste
Forms Campaign and the Fuel Cycle Op-
tions Campaign.
� Economics—Economics is a key con-
straint for industry adoption of a new fuel.
After decades of optimization, the UO2-Zr
alloy fuel system is a streamlined technolo-
gy that accounts for a relatively small per-
centage of the overall nuclear electricity
production cost. it is important to careful-
ly and completely assess the economic im-
pact of a proposed new technology and to
determine how much additional fuel cost
the utilities will accept, given that the plants
operate within all regulatory requirements
with currently available fuel. higher burn-
up (extended cycle with reduced waste and
reduced refueling cost) and higher power
densities (power upgrades) could mitigate
some of the expected additional costs.
While focusing on enhanced safety, it is im-
perative to maintain enhanced performance
goals as an economic consideration.

ATF development activities
With the assistance of the nuclear energy

community, the FCRD Advanced Fuels
Campaign has embarked on an aggressive
schedule for the development of enhanced
accident-tolerant LWR fuel system candi-
dates. The program is in the early phases of
R&D and is currently supporting the inves-
tigation of a number of candidate tech-
nologies that may improve the fuel system. 

The ATF development effort has adopt-
ed a three-phase approach to commercial-
ization, with the approximate fiscal year
time frame given in parentheses: 
Phase 1: Feasibility Assessment and Down-
Selection—in the current phase, fuel concepts
are developed, tested, and evaluated. Feasi-
bility assessments of the new concepts per-
formed to identify promising concepts in-
clude lab-scale experiments, such as fabrica-
tion, preliminary irradiation, and material
property measurements; fuel performance
code updates; and analytical assessment of
economic, operational, safety, fuel cycle, and
environmental impacts. (Fy 2012–Fy 2016)
Phase 2: Development and Qualification—
Prototypic fuel rodlets will be irradiated in
a test reactor at LWR conditions to provide
the data required for the lead test rods/lead
test assemblies. The fabrication process will
expand to industrial scale for LTRs/LTAs.
(Fy 2016–Fy 2022)
Phase 3: Commercialization—Region-sized
reloads are tested to verify the perfor-
mance observed for the LTRs and LTAs

and to provide additional data for final li-
censing of the product. Commercial fabri-
cation capabilities are established. (Fy
2022 and beyond)

Each development phase roughly corre-
sponds to the technology readiness levels
(TRL) defined for nuclear fuel development,
where TRL 1–3 corresponds to the “proof-
of-concept” stage (Phase 1), TRL 4–6 to
“proof-of-principle” (Phase 2), and TRL 7–
9 to “proof-of-performance” (Phase 3).

Currently, three campaign-directed ef-
forts in the development of ATF concepts
are under way, each being led by a national
laboratory. Additional research activities are
being conducted by three industry-led fund-
ing opportunity announcement research
projects and two Nuclear Energy University
Programs integrated research projects (iRP).
The ATF concepts that are currently being
investigated are summarized below. 

While the research teams are developing
and evaluating fuel and cladding concepts
that could be used in an existing commer-
cial LWR, the georgia institute of Technol-
ogy was awarded a separate iRP to begin the
development of an accident-tolerant reac-
tor concept that could incorporate an ATF
concept from one of the other teams. The
work at georgia Tech is funded through a
different branch of NE that is focused on
next-generation reactor development, but
work is coordinated with the ATF develop-
ment teams under FCRD. The georgia Tech
team includes the following university, in-
dustry, and national laboratory collabora-
tors: the University of Michigan, Virginia
Polytechnic institute and State University,
the University of Tennessee, the University
of idaho, Morehouse College, Polytechnic
University of Milan (italy), and the Univer-
sity of Cambridge (United Kingdom); Wes-
tinghouse Electric Company and Southern
Nuclear Operating Company; and idaho
National Laboratory (iNL). 

georgia Tech’s integral inherently Safe
Light Water Reactor concept would be a
high-power (about 1,000 MWe) LWR with
inherent safety features. Enabling innova-
tions include the use of high power density
technologies and components and a com-
pact core design achieved by using a non-
oxide fuel form with improved heat removal
capability. it is likely that this reactor con-
cept would adopt the leading ATF design de-
veloped by one of the fuel development
teams. These features would allow increased
core power density while also improving
core safety performance and response under
transient and accident scenarios. A novel
steam generating system is proposed that is
based on very compact printed-circuit heat
exchangers that allow this power level to be
compatible with an integral configuration. 

Campaign-directed efforts
The campaign-directed efforts are sum-

marized below. Concepts that have matured

Fig. 2. Considerations that constrain new fuel designs
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to the point of irradiation testing will be
sent to iNL for final assembly and integra-
tion into an irradiation capsule.

Los Alamos National Laboratory
Los Alamos National Laboratory (LANL),

in New Mexico, leads the development of
high-density ceramic fuels and is also a key
contributor in the development of advanced,
corrosion-resistant metallic alloys— such as
iron-chromium-aluminum (FeCrAl) and
molybdenum (Mo)—that could be used as
cladding in a number of other ATF con-
cepts. Mo cladding development is con-
ducted via collaboration with the Electric
Power Research institute (EPRi), and Fe-
CrAl development is conducted via collab-
oration with Oak Ridge National Laborato-
ry, as discussed below.

Advanced Mo alloys with improved duc-
tility and improved corrosion and oxidation
resistance are being fabricated into thin-wall
tubes (about 0.2 mm) for out-of-pile testing,
including exposure to a steam environment
at temperatures up to 1200 oC, and in-pile
testing. Fine-grained, high-purity Mo can be
formed directly into thin-walled tubing us-
ing the fluidized bed chemical vapor depo-
sition process. The advantages of Mo include
high melting point (2600 oC), excellent high-
temperature strength and creep resistance,
and good ductility at low temperatures. One
drawback, however, is oxidation at high 
temperatures. EPRi, therefore, is develop-
ing coated Mo cladding to improve high-
temperature oxidation resistance.

EPRi’s cladding design incorporates high-
strength, thin-wall Mo alloy as the core
structure. in a duplex structure, the outer
surface of the Mo alloy is bonded with a thin

layer made of Zr-alloy or Al-containing
stainless steel for protection from corrosion
under normal operating conditions and
from steam oxidation under accident con-
ditions by forming stable ZrO2 or Al2O3. A
soft Zr-alloy layer may be included on the
inner surface to increase the toughness of
the composite cladding. The duplex and
triplex cladding design is illustrated in
Fig. 3.

in addition to developing improved
cladding materials for accident conditions,
LANL is investigating improvements in the
fuel material that will support the ATF ob-
jectives. Research within the ceramic fuels
technologies area includes taking an evo-
lutionary path based on UO2 fuels, and tak-
ing a revolutionary path based on compos-
ite fuels. 

Exploratory work has been undertaken to
study the performance benefits that may be
realized through minor modifications to ref-
erence UO2 that would be largely transpar-
ent to fuel fabricators, operators, and licens-
ing requirements (an evolutionary path).
Three criteria were developed to assess these
evolutionary options. First, improved frac-
ture toughness and plasticity could relieve
fuel pellet cracking and missing surfaces that
not only introduce uncertainties during re-
actor startup and operation but also provide
free surfaces that accelerate fission product
and transuranic release during a full breach.
Second, enhanced thermal conductivity
would provide clear benefits to normal op-
eration, as well as some advantages during
LOCAs and reactivity insertion accidents
under certain conditions. Third, enhanced
oxidation resistance would increase coping
time before fuel pulverization occurs and

would also enhance stability during wet or
dry storage of used fuel.

A second approach to the development of
ATF is the exploration of advanced com-
posite systems (a revolutionary path) with
the potential to improve the accident per-
formance of LWR fuels, as well as offer ben-
efits to normal operation. Composite fuels
have been of interest for many decades, as a
wide range of both ceramic and metallic al-
loys can be envisioned that would surpass
the performance of traditional LWR fuels.
When systems are explored within the con-
straint of use in existing commercial LWRs,
however, the practical limit on U-235 en-
richment creates significant challenges in the
introduction of nonfissile second phases.
Any inert second phase incorporated in a
proposed fuel must be limited to extremely
low volume fractions to maintain reactor
performance at less than 5 percent enrich-
ment. it is difficult for such concepts to
achieve improvement in any of the critical
metrics, such as thermal conductivity, me-
chanical properties, or thermochemical sta-
bility, when limited in such a way. One po-
tential composite fuel approach is the use of
uranium-bearing second phases. A range of
ceramic/ceramic candidate composite sys-
tems with at least one high uranium-density
phase are undergoing initial assessment us-
ing a combination of thermodynamic analy-
sis, thermochemical and thermophysical
property review, material compatibility
screening experiments, and assembly-level
neutronic analysis.

Oak Ridge National Laboratory 
Oak Ridge National Laboratory (ORNL)

has proposed and leads the development of

Fig. 3. Duplex and triplex molybdenum cladding concept



a high-temperature, oxidation-resistant
steel cladding—for example, a nuclear-
grade FeCrAl alloy—and a microencapsu-
lated (TRiSO-based) fuel.

While advanced steels have historically
been used for LWR fuel cladding, their use
was supplanted not only due to the excel-
lent neutronics of Zircaloy, but also by the
dominance of the Naval Reactors–led
Zircaloy industry. While the performance
of the early-generation stainless steel
cladding used in reactors such as yankee
Rowe (annealed 304L) rivaled that of
Zircaloy alloys, the LOCA performance of
304L was not exceptional. The emphasis of
the current high-temperature, oxidation-re-
sistant steel cladding program exploits near-
ly a half-century of improvements in steel
development while carrying out the sup-
porting analysis to show the efficacy of this
approach toward improving coping time in
various accident scenarios. 

in the early development phase, a suite 
of model alloys was postulated based on com-
putational thermodynamics and then fab-
ricated and tested using the FCRD Severe
Accident Test Station to determine the ma-
terial response to steam attack. These tests
helped identify a compositional range with
remarkable resistance to steam attack up to
1475 °C, essentially consuming 10–20 mi-
crons of material in 24 hours at 1200 °C
through the formation of a protective sur-
face oxide. This result contrasts with Zirc -
aloy, which would be entirely consumed un-
der these conditions, producing consider-
able heat and hydrogen in the process. With
the model compositions identified, new 
engineering-grade alloys have been fabri-
cated. These alloys possess very small and
stable grains (on the order of tens of microns)
with strength more than twice that of com-
mercial Zircaloy. Moreover, these alloys do
not sacrifice ductility at the expense of in-
creased strength. in parallel with the contin-
ued alloy development, supporting initiatives
in the area of irradiation performance, weld-
ing, and core accident modeling are ongoing.

The second accident-tolerant technology
being developed at ORNL focuses on the
enhanced retention of fission products.
Specifically, the fully ceramic microencap-
sulated fuel builds on the renewed success
of the Next generation Nuclear Plant
(NgNP) program to produce high-quality
TRiSO fuel, seeking to apply TRiSO parti-
cles at LWR conditions. The clear advantage
of this fuel is the formidable barrier to fis-
sion product release offered by the silicon
carbide (SiC) shell of the TRiSO particle.
These particles also are compacted in a dense,
high-conductivity, and radiation-resistant
SiC matrix that serves as a secondary
boundary to fission product release. Since
the concept was first put forth, significant
development and analysis have been con-
ducted. To date, fuel development hurdles,
such as the ability to achieve a robust high

TRiSO–density compact fuel, demonstra-
tion of the radiation stability of fuel con-
stituents, and preliminary core analyses
have been encouraging. Next-step develop-
ment tasks are under way, including the fab-
rication of the uranium nitride (UN) kernel
fuel that is required to achieve adequate fis-
sile density, continued study of compacting
scale-up, and full-core analysis.

Pacific Northwest National Laboratory  
Pacific Northwest National Laboratory

(PNNL) leads the development of the LWR
U-Mo fuel concept. Similar to the develop-
ment of metal fuel for liquid-metal reactors,
the objective of this effort is to develop a met-
al fuel with improved performance for
LWRs. Specific characteristics of such a fuel
would include higher linear heat rates, high-
er power densities, and higher burnups. in
addition, cladding materials with improved
accident tolerance are being incorporated
into this fuel system. The basic program is
structured around a co-extruded U-Mo met-
al fuel material with selected elements added
to improve corrosion resistance. The overall
program consists of the following three parts:
� Co-extrusion development—Using the
co-extrusion experience from the produc-
tion reactors on the hanford Site, PNNL is
exploring a triple co-extruded fuel system.
The system consists of an annular U-Mo fuel
slug surrounded by an anticorrosion layer,
such as niobium, and accident-tolerant
cladding, such as the FeCrAl alloy MA-956
(see Fig. 4).
� Corrosion-reducing trace elements—
Again, using experience from earlier metal
fuel programs, PNNL is exploring the use
of anticorrosion coatings on the U-Mo fuel
to reduce or mitigate possible corrosion.
Coating materials under investigation in-
clude niobium, aluminum, chromium, and
vanadium. These elements may be used in
various combinations as coatings or may be
incorporated as low-concentration elements
in the U-Mo fuel metal itself.

� Cladding tubing fabrication develop-
ment—Applying experience from the
cladding suppliers on the hanford Site,
PNNL is developing the processes for form-
ing cladding materials that may be more dif-
ficult to fabricate but may exhibit accident-
tolerant attributes. For example, the fabrica-
tion of MA-956 cladding tubing was recently
successful. PNNL performed this extrusion
and tubing down-sizing in support of the
LANL ATF test described earlier.

Industry, university-led efforts
The industry and university teams are de-

veloping and evaluating both advanced
cladding and advanced fuel concepts. Fol-
lowing are brief introductions to each team
and the key concepts of interest.

Areva
The enhanced ATF concept under devel-

opment by Areva is being designed to im-
prove performance under both normal and
beyond design-basis conditions while en-
suring that the cost of the ATF remains
competitive with the current fuel design.
The Areva team consists of Areva, the team
leader, providing technical guidance relat-
ed to fuel manufacture and fuel require-
ments; the University of Florida, develop-
ing fuel pellets; the University of Wisconsin
and Savannah River National Laboratory,
providing cladding coatings; and Duke En-
ergy and the Tennessee Valley Authority,
providing utility consultation. 

The ATF technology concepts being con-
sidered by the Areva team include the fol-
lowing:
� Chromia doping in the fuel pellet to re-
duce fission gas generation, improve load-
following characteristics, increase uranium
density, improve wash-out characteristics in
rod failure, and lock up cesium into the fuel
matrix.
� SiC fibers in the fuel pellet to improve
thermal heat transfer in normal conditions
to increase fuel efficiency, improve margin
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Fig. 4. Triple-layer co-extruded U-Mo metal fuel system



in an accident condition, and lock up iodine
into the fuel matrix. 
� Coatings on the existing Zr-alloy
cladding to reduce hydrogen pickup, miti-
gate hydride reorientation in the cladding,
and increase coping time during accident
conditions. 

General Electric 
The objective of the general Electric

global Research and global Nuclear Fuels
team, which currently includes the Univer-
sity of Michigan and LANL, is to investigate
the replacement of Zr-alloy cladding with
advanced steels, such as FeCrAl alloys,
which offer a number of benefits in beyond
design-basis accident conditions. improved
properties under normal conditions may
provide sufficient benefit to mitigate the in-
creased neutron absorption characteristics
of these materials. 

Samples of commercial and experimen-
tal alloys have been successfully tested over
different lengths of time in 100 percent su-
perheated steam from 600 °C to 1475 °C.
Results to date indicate that the best candi-
date new alloys—including APMT and Al-
loy 33—have several orders of magnitude
improvement over the current zirconium-
based alloys in reaction kinetics with steam.
Similarly, these advanced steels have been
tested to demonstrate superior mechanical
properties under both normal operating
conditions and accident conditions. Ferrit-
ic steels are also highly resistant to irradia-
tion damage and environmentally assisted
cracking under normal operating condi-
tions. irradiation testing in a research reac-
tor will be conducted in the near future.

Westinghouse 
The objective of the Westinghouse Elec-

tric Company team is to develop an ATF
with improved economics during normal
operation and the containment of all fuel fis-
sion products to the fuel during a beyond de-
sign-basis accident. The partners in this con-
sortium and their focus areas are Westing-
house, developing concept fuel, determining
research needs, licensing approach and cost,
and evaluating the overall economics of
ATF; general Atomics, developing SiC
cladding; EWi (formerly  the Edison Weld-
ing institute), developing hot-spray coatings
on Zr-alloy cladding; the University of Wis-
consin, developing cold-spray coatings on
Zr-alloy cladding; LANL, manufacture of
UN fuel; iNL, manufacture of uranium sili-
cide (U3Si2) fuel; Texas A&M University,
manufacture and testing of waterproofed
UN fuel; the Massachusetts institute of Tech-
nology, providing steam oxidation, quench-
ing, and reactor testing of ATF cladding can-
didates; and Southern Nuclear Operating
Company, licensing and economics of ATF
from the customer’s perspective.

Fuel development has progressed for
both fuel types of interest. Results to date

have indicated that manufacture of water-
proofed UN using U3Si2 is feasible, with the
achievement of densities approaching 90
percent. U3Si2 has been successfully manu-
factured into pellets of about 94 percent of
theoretical density. Cladding development
has had limited success to date. Zr alloys
coated with Ti2AlC and NanoSteel have not
produced any significant increase in acci-
dent tolerance. Samples of SiC cladding
have been successfully manufactured and
tested in an autoclave at accelerated condi-
tions (425 °C). high-temperature (greater
than 1200 °C) steam tests and irradiation in
a research reactor will follow. Finally, a full
development and testing program has been
laid out, and the expected economics of the
various options have been determined. 

University of Illinois (cladding only)
The University of illinois iRP team,

which includes partners at the University of
Michigan, the University of Florida, iNL,
and ATi Wah Chang, is investigating two
solution pathways toward improved ATF
cladding. An additional partner, the Uni-
versity of Manchester, is funded by the Re-
search Councils U.K. Energy Program. both
pathways are based on the modification of
monolithic Zircaloy cladding to inhibit the
rapid oxidation that occurs during elevat-
ed-temperature steam exposure and involve
either a coating or a low-concentration bulk
additive.  

Two significant achievements to date are
the irradiation of a set of coated samples by
high-energy protons to mimic fast neutron
damage and the demonstration of delayed
oxidation induced by a coating during
700 °C steam exposure. Figure 5 shows the
coated samples mounted prior to proton ir-
radiation. The proton irradiation was per-

formed at the University of Michigan to 2.3
displacements per atom (dpa). The samples
were Zircaloy-2 with FeCrAl coatings of
varying composition, ranging from 4000 to
7000 Å thick. These samples will be used in
four-point bending tests, high-temperature
steam exposure, and autoclave testing. Sim-
ilar films are planned for irradiation in the
iNL Advanced Test Reactor to similar dpa
values; a comparison of proton and neutron
irradiation will be useful.

Oxidation mass gain versus time for un-
coated polished Zircaloy-2, for Zircaloy-2–
4 (FeCrAl:54/28/18), and for Zircaloy-2–7
(FeCrAl:61/5/34) specimens during 700 °C
steam exposure are shown in Fig. 6. The de-
layed onset of oxidation in the Al-rich spec-
imen (Zircaloy-2–7) is clear from the mass
gain measured as a function of time, which
shows an oxidation delay of approximately
180 minutes.

University of Tennessee (cladding only)
The University of Tennessee—along with

Pennsylvania State University, the Univer-
sity of Colorado, the University of Michi-
gan, LANL, Westinghouse Electric Compa-
ny, Oxford University, the University of
Manchester, the University of Sheffield, the
University of huddersfield, and the Aus-
tralian Nuclear Science and Technology Or-
ganization—is working to develop surface
modifications of Zr-alloy cladding by ap-
plying ceramic coatings. Ceramic Coatings
for Clad (The C3 Project) involves coating
zirconium alloys with various architectures
of ceramic coatings, including nitrides, ox-
ides, and carbides, using various coating
techniques such as cathodic arc vapor de-
position, magnetron sputtering, thermal
spray, pulsed liquid injection, and ion
beam–assisted vapor deposition.
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Fig. 5. At the University of Michigan, Zircaloy-2 samples with FeCrAl coatings of varying
composition prior to 1-MeV proton irradiation. Samples were irradiated to 2.3 dpa at 360 ˚C.



Ceramic-coated cladding is expected to
improve performance as compared to con-
ventional Zr-alloy cladding in the following
respects:
� During normal service, the ceramic
coating should decrease cladding oxidation
and hydrogen pickup (the latter leads to hy-
driding and embrittlement).
� During a reactor transient, such as a
LOCA, the ceramic coating should signifi-
cantly delay oxidation of the Zr-alloy
cladding, thus reducing the amount of hy-
drogen generated and the oxygen ingress
into the cladding.

The most significant work to date on this
project has involved fabricating titanium ni-
tride and titanium aluminum nitride coat-
ings on Zr-alloy substrates. Three-day cor-
rosion tests performed in 2013 in static 350
°C water demonstrated that certain nitride
coatings exhibit significantly less weight
gain than bare Zr-alloy samples. The lower
weight gain of the nitride-coated samples is
due to a substantial reduction in corrosion-
induced oxidation of the Zr-alloy substrates,
as compared to uncoated Zr-alloy samples.
Work is under way to develop a better un-
derstanding of this improved corrosion be-
havior for ceramic-coated cladding, and
higher-temperature corrosion experiments,
which better simulate accident conditions,
are currently in progress.
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Fig. 6. Weight gain measurements in 700 °C steam for two approximately 4000-Å-thick
FeCrAl coatings (red and blue lines) and uncoated Zircaloy-2 (black line); one FeCrAl
coating delayed oxidation in steam by about 180 minutes.
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ATF irradiation testing
An irradiation test plan has been drafted

for ATF concepts to progress from feasibil-
ity experiments under normal operating
conditions to integral demonstrations un-
der accident conditions to support the
LTR/LTA program and eventual qualifica-
tion of an ATF concept. 

The initial irradiation series, referred to
as ATF-1, will utilize drop-in capsules in the
iNL Advanced Test Reactor (ATR) to in-
vestigate the performance of a variety of
proposed ATF concepts under normal LWR
operating conditions. The ATF-1 capsules
are filled with an inert gas and are designed
to isolate fuel rodlets from the ATR prima-
ry coolant during irradiation. hence, the
test rodlet cladding will not be in contact
with water coolant during irradiation. This
test series is intended to investigate the ir-
radiation behavior of new fuels and their in-
teraction with the cladding. Resultant data
on fuel behavior and fuel-cladding interac-
tion will inform down-selection to one or
more promising concepts prior to irradia-
tion tests. Figure 7 shows the cross-section
of the irradiation basket that houses the ir-
radiation capsules, and Fig. 8 shows a
schematic of the irradiation capsule assem-
bly. it is currently anticipated that the post-
irradiation examination and characteriza-
tion activities will be conducted at iNL.

The follow-on irradiation test series will
include loop testing in the ATR (ATF-2)
and transient testing (ATF-3 and -4). ATF-
2 will utilize the pressurized water loop in
the iNL ATR, such that the ATF fuel rods
will be in direct contact with high-pressure
water coolant with active chemistry control
to mimic the conditions of PWR coolant.
The most promising concept(s) would then
proceed to ATF-3. ATF-3 would include
transient testing of rods, possibly in the iNL
TREAT facility, to investigate performance
under reactivity insertion accident scenar

ios. The final step in this test series would
be transient testing of a subset of LTRs, pos-
sibly in TREAT, while LTRs or LTAs are ir-
radiated in a commercial LWR.

ATF evaluation metrics 
Qualitative attributes for fuels with en-

hanced accident tolerance, such as im-
proved reaction kinetics with steam result-
ing in slower hydrogen generation rate,
provide guidance for the design and devel-
opment of fuels and cladding with en-
hanced accident tolerance. A common set
of technical evaluation metrics should be
established to aid in the optimization and
down-selection of candidate designs on a
more quantitative basis. 

Metrics describe a set of technical bases
by which multiple concepts can be fairly
evaluated against a common baseline and
against one another. in some cases, this may
equate to a specific quantitative target val-
ue for selected properties or behaviors. Met-
rics can also describe a clear technical
methodology for evaluation that can be
used to rank two or more concepts. because
of the complex multiphysics behavior of nu-
clear fuel and the large set of performance
requirements that must be met, the latter
definition is adopted for the current evalu-
ation of candidate ATF options. 

A series of national and international
meetings was held in Fy 2013 to begin es-
tablishing a consensus on how to approach
ATF design, optimization, and evaluation
for down-selection. Each of these meetings
provided qualitative direction on an appro-
priate set of enhanced ATF attributes, met-
rics, and associated screening evaluations
for different classes of fuel and cladding ma-
terial.

beginning with the qualitative guidance
on ATF metrics, a small team from across
the DOE laboratories has defined an ATF
technical evaluation approach. An assess-
ment of the potential beneficial impact or
unintended negative consequences of can-
didate ATF concepts will address the obvi-
ous “fuel-specific” characteristics of the
concept. The assessment will also address
how implementation of the concept will af-
fect reactor performance and safety charac-
teristics. This includes neutronics and ther-
mal-hydraulics analyses to ensure that the
reactor will operate as intended with the
candidate fuel system. Coupled thermal-
hydraulic/neutronic analysis of candidate

Fig. 8. ATF-1 capsule assembly overview and associated schematic (dimensions in inches)

Fig. 7. Cross section of existing basket assembly to be adapted for ATF-1; multiple capsules
will be stacked in each radial capsule position (dimensions in inches).
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ATFs is essential for understanding the syn-
ergistic impact of the thermal properties
and reactivity feedback.

An independent expert panel review
team will be established to review the ATF
concepts under development. This team
will be composed of technology experts se-
lected based on their knowledge of the tech-
nologies under review, including materials
(metals and ceramics), neutronics, thermal-
hydraulics, and severe accidents.

The expert panel will be tasked with re-
viewing input (currently available data and
analysis results) provided by each of the
ATF design teams. This information will be
applied to assess the relative benefits or vul-
nerabilities (with corresponding numerical
scores for each) associated with the candi-
date design for a number of performance
attributes across relevant performance
regimes, including the following:
1. Fabrication/manufacturability (to include
licensability).
2. Normal operation and anticipated oper-
ational occurrences.
3. Postulated accidents (design basis).
4. Severe accidents (beyond design basis).
5. Used fuel storage/transport/disposition
(to include potential for future reprocess-
ing).

The economics of manufacture and op-
eration, from both the utility and vendor
perspectives, will be considered within each
appropriate operational regime (namely,
within topics 1, 2, and 5 above) in scoring
the fuel and cladding design. Numerical
“benefits” and “vulnerability” scores pro-
vide an indication of both development
stage and expected performance benefits. 

Technologies that do not depart signifi-
cantly from the current UO2-Zr alloy fuel
system might be expected to have a modest
benefit score and low vulnerability. This
candidate technology would be considered
low risk and modest payoff, but could po-
tentially be developed in the near term for
commercial demonstration. A relatively im-
mature concept that is a significant depar-
ture from the current UO2-Zr system may
have a high vulnerability score due to the
existing technology or data gaps, while si-
multaneously scoring well in the benefits
column based on the limited data that are
available. A concept with high benefit and
high vulnerability scores would be consid-
ered high risk but potentially high payoff,
requiring a longer period of time for devel-
opment relative to technologies that are
nearer to the current UO2-Zr system.

The proposed technical evaluation
methodology will result in a ranked list of
candidate ATF designs. Down-selection us-
ing this list will enable the continued devel-
opment of the most promising ATF design
options given budget and time constraints,
with a goal of inserting one (or possibly
two) concepts as an LTR or LTA in a com-
mercial LWR by 2022.
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For the U.S. nuclear industry, the safe, reliable and economic
operation of the nation’s nuclear power reactor fleet has always
been a top priority. As a result, continual improvement of the tech-
nology, materials, and fuels used has remained central to the
industry’s success. Decades of research combined with continual
operation have produced steady advancements in technology and
yielded an extensive base of data, experience and knowledge on
light water reactor (LWR) fuel performance under both normal
and accident conditions. Thanks to efforts by the U.S. government,
private companies, national laboratories, and universities, a variety
of different technologies to optimize economic operation have
been developed and deployed over time.

Today, one of the missions of the U.S. Department of Energy
Office of Nuclear Energy (DOE-NE) is to develop nuclear fuels and
claddings with enhanced accident tolerance. Following the Great
East Japan Earthquake in 2011, with the resulting tsunami and sub-
sequent damage to the Fukushima Daiichi nuclear power plant
complex, enhancing the accident tolerance of LWRs became a topic
of serious discussion in the United States. As a result of direction
from the U.S. Congress, DOE-NE initiated the Enhanced Accident
Tolerant Fuel Development program.

In the Department of Energy, the Fuel Cycle Research and
Development Advanced Fuels Campaign has been given the
responsibility to conduct research and development on enhanced
accident tolerant fuels with the goal of irradiating a lead test
assembly or lead test rod in a commercial reactor by 2022. The
Advanced Fuels Campaign has defined a fuel as having enhanced
accident tolerance if, in comparison with the standard UO2-
Zircaloy system currently used by the nuclear industry, it can
tolerate loss of active cooling in the reactor core for a considerably
longer time period (depending on the LWR system and accident
scenario) while maintaining or improving fuel performance during
normal operations and operational transients, as well as design-
basis and beyond design-basis events.

The papers contained in this special issue of the Journal of
Nuclear Materials are focused on specific aspects of accident toler-
ant fuel research and development that are currently underway.
These papers present the early results of research and develop-
ment activities undertaken by a variety of organizations engaged
in the research, development, and assessment of accident tolerant
fuels and material technologies. The research comprises results
from evaluating incremental as well as substantial changes to both
the nuclear fuel form itself and the material employed as the fuel
cladding. The list of participating authors reflects international
interest in the topic of accident tolerant fuels.

The United States Department of Energy has embarked on an
aggressive schedule for development of enhanced accident tolerant
LWR fuels. The goal of developing such a fuel system that can be
deployed in the U.S. LWR fleet in the next 10–20 years supports
the sustainability of clean nuclear power generation in the United
States.
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The motivation for exploring the potential development of accident tolerant fuels in light water reactors
to replace existing Zr alloy clad monolithic (U, Pu) oxide fuel is outlined. The evaluation includes a brief
review of core degradation processes under design-basis and beyond-design-basis transient conditions.
Three general strategies for accident tolerant fuels are being explored: modification of current state-
of-the-art zirconium alloy cladding to further improve oxidation resistance (including use of coatings),
replacement of Zr alloy cladding with an alternative oxidation-resistant high-performance cladding,
and replacement of the monolithic ceramic oxide fuel with alternative fuel forms.
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1. Introduction

Nuclear power has proven to be a reliable, environmentally sus-
tainable, and cost-effective source of large-scale electricity. In the
interest of continued technological improvement, further improve-
ments in operational reliability, economics, and safety under nor-
mal and transient conditions are being pursued worldwide. In
regard to safety during anticipated transients and postulated acci-
dents, the safety of the fuel can be affected by numerous fuel sys-
tem phenomena, including cladding oxidation/hydriding, pellet-
cladding interaction, pellet relocation and dispersal, and cladding
embrittlement and fragmentation [1].

The high power density that makes nuclear power economical
also makes the system susceptible to severe accidents. Typical
power densities in light water reactor (LWR) cores are �50–
75 MWth m�3, which is about a factor of 100 greater than the aver-
age power density in fossil energy plant boilers [2]. In a typical loss
of coolant accident (LOCA) scenario, a reactor scram dramatically
reduces the power generation in the core. However, substantial
amounts of heat continue to be generated following the scram:
�7% of full power immediately after the scram, �1% of full power
4 h after the scram, and�0.2% of full power 10 days after the scram
[3]. Considering that the thermal full power levels in commercial
LWRs often exceed 3000 MW, the post-scram decay heat deposited
in a reactor core without circulating coolant (i.e., approaching
adiabatic conditions) can lead to rapid temperature increases and
subsequent core degradation.

Also due to the high power density in nuclear reactor cores, the
system has relatively limited margin for accommodating addi-
tional energy generation under normal operating conditions. Un-
like fossil energy electricity generation sources, fuel, operation,
and maintenance of nuclear reactors constitute only a minority
fraction (�one quarter) of the electricity generation cost (the rest
being the capital costs). Therefore, the economics of nuclear reac-
tor operation improves as the power rating of these units increases,
which has led to many of the currently operating units undergoing
power uprates. While plant power uprates involve a number of
considerations, the thermal limits of the current fuels are one fac-
tor that is limiting future power level increases since further local
power increases in the core could result in fuel damage under
anticipated operational occurrences [1].

In addition to LOCA events as discussed above, another safety
design basis is related to the potentially rapid power excursions
that can occur from reactivity insertion events, such as control
rod ejection in an LWR. Energy deposition resulting from reactivity
insertion in the core can be limited by appropriate reactor physics
design of the core, balancing the design reactivity worth of the con-
trol rods with the fuel temperature feedback. However, the specific
fuel system response to any given magnitude of energy deposition
varies during its lifetime because of the changing thermal–
mechanical properties of the fuel/cladding system.

As discussed in Section 2, numerous operational and retrofit de-
sign changes were instituted in LWRs in the 1980s following the
LOCA at Three Mile Island, and these changes have substantially re-
duced the probability of core degradation during a severe accident.
These specific design features and upgrades were primarily associ-
ated with maintaining adequate core cooling in the event that the
primary cooling system is not functional. The recent station
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blackout (SBO) accidents at three of the Japanese Fukushima Dai-
ichi reactors following the devastating 2011 earthquake and tsu-
nami have sparked renewed interest in exploring the possibility
of further design and fuel system improvements that could im-
prove the safety of LWRs under design-basis (DB) and beyond-de-
sign-basis (BDB) accident scenarios. Section 3 provides a brief
overview of core degradation phenomena under DB and BDB acci-
dent conditions and possible mitigation by design changes and uti-
lization of new fuel systems. Section 4 reviews the overarching
motivation for investigating accident tolerant fuel (ATF) systems,
and Section 5 briefly summarizes some of the ATF concepts cur-
rently being explored. Several accompanying papers in this special
issue provide more detailed information on the current status of
some specific ATF systems.
2. Historical perspective

Reactor designers and regulators during the early decades of
commercial nuclear energy established the current safety basis
framework for nuclear reactor design. Their understanding of the
integral behavior of these power systems at the time led them to
envision a number of postulated accident scenarios that aimed to
envelope the safety design requirements by considering two sepa-
rate classes of DB accidents as bounding events: LOCAs and reactiv-
ity initiated accidents (RIAs). It was understood at the time, given a
deterministic analytical approach, that the likelihood of an acci-
dent scenario extending beyond the safety design limits would
be negligible. Therefore, the safety design requirements by regula-
tory authorities did not require mitigation strategies for BDB acci-
dent scenarios. It is also important to note that the design safety
features of these reactors were based on evaluations of the engi-
neering performance of the fuel/cladding system under accident
scenarios. For example, the emergency core cooling system (ECCS)
was specifically designed and configured to provide sufficient cool-
ing to prevent cladding and fuel from reaching temperatures that
could result in failure under design basis LOCA conditions.

Understanding of the specifics of the behavior of the ECCS, and
hence its requirements during DBAs, evolved considerably in the
1970s and 1980s [4]. At the same time, the partial meltdown of
the core at Unit 2 of the Three Mile Island power generating station
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induced two important shifts in reactor safety assessment and
implementation approaches. The first was to augment the deter-
ministic approach with probabilistic risk assessment (PRA) to bet-
ter capture the complexities of system behavior. The second shift
was to transition away from active safety systems towards pas-
sively safe reactor concepts. While the former was adopted more
readily, the latter is just now being realized and only in certain
parts of the world; only a few of the 80+ nuclear reactors under
construction globally take advantage of at least partially passive
safety systems. Specific examples of reactors with passive safety
include generation III+ designs such as the Westinghouse
AP1000, GE-Hitachi ESBWR, and most small modular reactor con-
cepts. For future reactor designs, passive safety features and ATFs
can be combined to provide new concepts that minimize the po-
tential for off-site releases, lessen the necessity for operator ac-
tions, and simplify the reactor system overall, thereby reducing
capital and operating costs.

The recent events at Fukushima Dai-ichi have once again under-
scored the importance of adopting passively safe reactor designs
and robust safety systems. These BDB accident scenarios have also
challenged the outcomes of the current PRA models used to quan-
tify operational risk for the current operating fleet of reactors
belonging to older generation designs. The issue is not the PRA ap-
proach but rather the specific modeling assumptions regarding
event probabilities that impact the overall probabilistic results.
Most pertinent to this discussion, these events have also showcased
the potential major consequences of the large energy released from
LWR cores as they physically and chemically degrade in a high-tem-
perature steam environment under BDB events. Accordingly, a sig-
nificant focus is now being placed on core degradation processes
that are largely governed by fuel behavior and the potential to en-
hance safety margins by utilizing ATFs to alter these processes.
3. Review of core degradation processes and mitigation by ATFs

Fig. 1 provides a general overview of core degradation processes
under coolant-limited conditions and highlights the potential for
ATF cladding concepts to alter the rate of accident progression. Essen-
tially, during the first phase of the accident, dubbed Lead Up in Fig. 1,
core cooling capability is lost either via loss of water coolant due to a
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pipe break or loss of cooling capability due to pump failure (eventu-
ally leading to depressurization of the core without active core cool-
ing). This phase can span over seconds in the case of a large-break
LOCA, minutes in the case of a small break LOCA, or hours in the case
of an SBO. During the lead-up phase, the decay heat in the core and the
stored energy in the fuel boil off the remaining coolant in the core,
subsequently driving the fuel temperature higher.

Once the fuel reaches temperatures close to �800 �C, a new
phase in accident progression is initiated (referred to here as the
Mid-Phase), comprising the onset of physical and chemical
degradation phenomena in the core. Fuel rod burst for the current
UO2–Zr alloy fuel system is expected at the temperature range
700–1200 �C [5], releasing a fraction of the fuel rod inventory of
volatile fission products. Accelerated oxidation and detrimental
interactions (e.g., low melting temperature eutectic phase forma-
tion) of the zirconium alloy fuel cladding and various other core
components is also initiated during the Mid-Phase. These scenarios
have been studied extensively for the current UO2–Zr alloy fuel
system [6,7]. In case of a design-basis LOCA, once core depressur-
ization has occurred, or even before that (given the nature of safety
systems in place), coolant is injected into the core and the fuel is
quenched by the ECCS. However, if the ECCS is not operational,
the oxidation reaction between steam and 20–60 tons of Zr alloy
in the core along with other reactive constituents (e.g., control
rod constituents) results in the generation of appreciable amounts
of heat and hydrogen gas. During some periods of the accident, the
heat generated from oxidation can be comparable to or even great-
er than the decay heat [8]. The heat generated from oxidation exac-
erbates the nature of accident progression by driving the core
temperature higher while increasing core cooling requirements.
Once the core temperature reaches values above �1500 �C, severe
degradation is expected to have occurred. This is specified as the
Late-Phase in Fig. 1. After this point, the focus essentially shifts
to radionuclide release management and protection of the larger
containment structure. Hydrogen gas, the inevitable by-product
of steam oxidation, can contribute to the containment compromise
through slow pressurization or explosions.

For the case of reactivity initiated accident scenarios, the chief
concern for the current Zr alloy clad UO2 fuel system is rapid fuel
pellet expansion against the cladding (pellet-cladding mechanical
interaction) due to prompt fuel melting (with �10% volumetric
expansion) that can cause cladding failure and fuel dispersal [9].
Several additional RIA phenomena could also lead to fuel failure
[10]. These issues become progressively important at medium to
high burnups due to pellet-clad gap closure, cladding embrittle-
ment due to radiation damage and waterside oxidation (loss of
sound metal and formation of hydrides), and other mechanisms
[10]. Potential accident tolerant fuel approaches for RIA would in-
clude new cladding systems that have improved strength and duc-
tility compared to current Zr alloys, and new fuel forms that
decrease the differential thermal expansion of the fuel compared
to the cladding under RIA conditions (e.g., lower thermal expansion
coefficients and/or increased temperature intervals between nor-
mal operation and melting points for the fuel form compared to
monolithic uranium-based oxide fuels). Also, fuel forms that con-
tain their fissile portion as discrete regions dispersed inside an in-
ert matrix can potentially offer enhanced tolerance to postulated
RIA scenarios since during such an event the energy is selectively
deposited in those locations. In this manner the rapid local heating
produces a strong negative reactivity feedback due to the Doppler
effect, while expansion and melting of the fissile portion can be
localized and contained within the inert medium [11].

Given this general and simplified view of accident progression
inside an LWR core, it becomes clear that accident progression
and mitigation are largely dominated by the availability and nature
of safety systems in place (such as the availability and operation of
emergency core cooling systems). However, it is also obvious that
during the Mid-Phase and thereafter for a coolant-limited tran-
sient, steam oxidation along with physical degradation of core
components as well as chemical interaction between the various
constituents significantly exacerbates the course of accident pro-
gression. ATF concepts aim to delay the onset of these detrimental
processes (by reducing the high temperature oxidation rate and
also by potentially delaying the ballooning and burst of the clad-
ding), thereby reducing the burden on reactor safety systems and
the operators managing the accident response, as discussed in
the following section.
4. Motivation for exploring accident tolerant fuels

In concert with innovations in reactor design, improvements in
fuel materials are being sought to improve accident tolerance. The
underlying motivation for exploring accident tolerant fuel systems
is twofold: It may be difficult to implement significant design
changes in some existing reactors, and, even for cases where reac-
tor design changes can be introduced, further enhancements in
safety might be best achieved by utilizing a combination of fuel
system innovations along with operational and/or reactor design
changes. The idealized goal for ATFs would be to provide substan-
tially improved safety response to a DB or BDB accident while
maintaining good operational characteristics under normal condi-
tions. In particular, increased coping time to respond to an accident
(and thereby potentially mitigate the consequences by active or
passive measures) would be highly beneficial.

The improvements in accident tolerance should preferably
accompany simultaneous improvements (or at least only minor
hindrances) to normal operations in terms of compatibility with
current plants and operations, economics, and impacts on the fuel
cycle (fuel fabrication and used fuel disposition, UFD). For example,
the ATF system should be designed as a drop-in replacement for
existing fuel assemblies. The fuel failure rate should be comparable
to or better than that of current state-of-the-art fuel systems dur-
ing normal operations, and the handling of used fuel should be
comparable to (or preferably simplified over) current practices. It
is desirable but not mandatory that prospective ATF systems be
potentially implemented in a relatively short (decadal) timeframe
to provide enhanced safety for both current and future LWRs.
Applicability to existing reactors is particularly significant, consid-
ering that there are over 400 nuclear reactors in operation world-
wide that provide about 13% of the world’s electricity, and there
are active research programs in several countries to explore the
feasibility to safely and economically extend the operating life-
times of these existing reactors by 20 years or longer.

The easiest ATF system to implement from an operational per-
spective would be based on slight modifications to the existing Zr
alloy clad UO2 fuel system. However, the performance of fuel sys-
tems based on Zr alloy cladding has already been highly optimized
over�60 years of development. Therefore, although further perfor-
mance improvements may be anticipated, incremental changes in
Zr alloy cladding are unlikely to achieve dramatic improvements in
accident tolerance. For example, hydride formation that occurs in
Zr alloy cladding during operation to high burnups is a major chal-
lenge (due to loss of sound metal and toughness degradation) that
could ultimately limit fuel lifetime under normal operating condi-
tions as well as strongly affecting LOCA, RIA, and UFD behavior
[1,8,12]. UFD behavior is becoming increasingly important in the
United States given that the used fuel may need to maintain its
integrity over an extended interim storage period and through
transportation to an eventual repository for ultimate disposal.

The key performance features that constitute accident-tolerant
behavior are dependent on the specific accident scenario. Fig. 2



Fig. 2. Evolution of a fuel rod under LOCA and SBO conditions extending well into the beyond design basis space along with four key performance features of ATF concepts for
improved safety margins.
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shows the evolution of the fuel rod under a LOCA scenario extend-
ing well beyond the design basis limit. The fuel segments in the
upper portion of the figure are intended to schematically convey
the evolution of the fuel system with increasing burn up (fuel swell-
ing and cracking, fission gas buildup and release, partial oxidation
of the clad inner and outer surfaces). There are four main desired
attributes of ATFs (in addition to maintaining good performance
under normal operating conditions), as outlined in Fig. 2. For LOCAs
and SBOs, suppressed oxidation compared to Zr alloy cladding in
the presence of hot steam (with nonvolatile reaction products)
would simultaneously minimize hydrogen generation and enthalpy
input. In addition, the accident tolerant fuel system should exhibit
good dimensional stability (i.e., good tensile and thermal creep
strength of cladding) and fission product retention up to tempera-
tures in excess of 1200 �C in order to maintain a controllable and
coolable core geometry without large release of radioactive materi-
als. For RIA scenarios that produce a relatively rapid temperature
increase of short duration, a key attribute is resistance to cladding
rupture via pellet–cladding mechanical interaction [1,9,10], which
implies cladding materials with improved ductility and toughness
at moderate to high temperatures (along with improved oxidation
resistance at normal operating temperatures) compared to Zr al-
loys. Finally, fuel forms that enhance confinement of fission prod-
ucts under a variety of accident scenarios are desirable.

5. Overview of potential ATF concepts

Taking into consideration the desirable attributes of ATF sys-
tems summarized in Section 4, a wide variety of different potential
fuel system concepts can be envisioned. Underlying the selection
of any of these ATF systems is the importance of maintaining good
performance under normal LWR operating conditions (good neu-
tron economy and burnup limits, resistance to stress corrosion
cracking and grid to rod fretting, etc.). The approaches can be
grouped into three general categories: improved high temperature
oxidation resistance and/or strength of Zr alloy cladding, non-zir-
conium cladding with high strength and oxidation resistance,
and alternative fuel forms with improved performance and fission
product retention compared to monolithic UO2.

5.1. Zr alloy cladding with improved oxidation resistance and strength

The rates of both hydrogen generation and heating in the reac-
tor core due to oxidation are directly proportional to the rate of
steam-driven oxidation of the core materials. The oxidation of core
materials in existing LWRs during LOCA conditions is dominated
by oxidation of the Zr alloy components (fuel cladding, along with
channel boxes in boiling water reactors). At temperatures above
�1200 �C, the heating associated with oxidation of Zr alloy core
components can dominate the overall heat generation rate in the
core for a BDB LOCA or SBO scenario [8,13]. Therefore, a reduction
in the high temperature oxidation rate of Zr alloys would provide
multiple benefits in terms of improved accident tolerance during
LOCA or SBO conditions.

Potential approaches to reduce the oxidation rate include devel-
opment of new oxidation-resistant Zr alloys and application of
coatings (self-passivating or applied prior to service). Pronounced
improvement in the oxidation resistance of zirconium alloys up
to high burnups at normal operating conditions (�300 �C) has been
achieved over the past few decades as a result of continuous alloy
development efforts [8]. However, it is considered unlikely that the
relatively small (<2% solute) alloying additions used to date in Zr
alloy cladding can be further modified beyond the impressive
improvements already achieved in order to achieve the needed
additional �100-fold reduction in high temperature oxidation
resistance; a markedly different alloy composition may have to
be developed.

An alternative approach to bulk compositional changes would
be to pursue the development of highly adherent oxidation-resis-
tant coatings. It would be particularly convenient if the coating
could be easily regenerated if a small portion spalled off during fuel
assembly handling or during normal reactor operation. Major chal-
lenges for coating development include careful matching of the
coefficient of thermal expansion in order to minimize interfacial
stresses and delamination during cycling from room temperature
to �300 �C (normal operations) or from �300 �C to high tempera-
ture (off-normal conditions), including consideration of the highly
anisotropic (textured) microstructure of Zr alloy tubing in the axial
versus circumferential directions. Moreover, the coating must be
compliant enough to withstand the diametrical compression that
results from reactor pressurization, making the use of brittle
ceramics problematic (generally requiring relatively thin and
highly adherent coatings). Differential volumetric and microstruc-
tural evolution between the coating and underlying cladding under
neutron irradiation (e.g., anisotropic growth) can also lead to coat-
ing spallation. The viability of coatings to protect the exposed clad-
ding to a sufficient extent after burst also needs to be considered;
that is, after burst, the inner, uncoated surface of the cladding is
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exposed to the steam, leading to rapid oxidation, hydrogen pickup
in the cladding, and cladding embrittlement.

In addition to oxidation resistance, it would be desirable for the
Zr alloy-based cladding to exhibit improved resistance to creep
deformation and crack growth at high temperatures in the aggres-
sive nuclear fuel environment, in order to retard ballooning and
rupture of the cladding during LOCA or SBO scenarios, and to also
have improved resistance to pellet-cladding mechanical interac-
tion deformation and fracture processes associated with RIA sce-
narios. The improved high temperature strength would also be
beneficial for minimizing spalling of coatings during high temper-
ature excursions.
5.2. Alternative (non-Zr) cladding materials

Materials research performed over the past several decades has
led to the development of several high-performance materials sys-
tems that have very high resistance to oxidation in high tempera-
ture steam or air. A variety of approaches are being considered as
potential accident-tolerant alternatives to Zr alloy cladding,
including oxidation-resistant structural alloys, silicon carbide fi-
ber-reinforced SiC ceramic composites, and refractory alloys. In
all cases, the desired accident-tolerant attributes are improved
high temperature oxidation resistance (>100 � improvement com-
pared to current Zr alloy cladding) and comparable or superior
high temperature strength.

Oxidation-resistant structural alloys such as high-performance
stainless steels offer the potential for improved strength and oxida-
tion resistance compared to existing Zr alloys over a broad temper-
ature range [8]. Early commercial reactors successfully used
austenitic stainless steel cladding in pressurized water reactors,
whereas their performance in boiling water reactors was poor
due to stress corrosion cracking problems [8]. Issues to be resolved
include the effect of higher thermal neutron absorption cross sec-
tion on fuel enrichment and other operational requirements, po-
tential enhanced susceptibility to stress corrosion cracking in
LWR primary coolant water chemistries (particularly for austenitic
alloys), the impact of radiation hardening and embrittlement on
cladding performance under normal operating conditions, mitiga-
tion/management of the increased tritium burden associated with
bare steel clad, and pellet-cladding mechanical interaction behav-
ior under RIA conditions (potential impact of radiation
embrittlement).

Silicon carbide fiber-reinforced SiC matrix ceramic composites
(SiC/SiC) have been proposed as a potential cladding material
[14] (and also as channel boxes for boiling water reactors) [15]
due to their low thermal neutron absorption cross section, reten-
tion of strength up to very high temperatures, good radiation resis-
tance, and good oxidation resistance in air and steam up to
temperatures of at least 1600 �C. This class of materials, while
potentially very attractive, has yet to find application in nuclear
systems, though SiC composites are now finding industrial applica-
tion in turbine components. A generic issue with the application of
this class of structural materials is the current lack of engineering
familiarity in design and application, exacerbated by a significant
lack of industry codes and testing standards. Issues to be resolved
specific to clad application include defining a path forward for sig-
nificant reductions in the cost for fabrication of tubing and other
geometries (development of low cost, high performance SiC fibers),
development of robust joining methods, demonstration of her-
metic retention of fission products under normal and transient
conditions, development of QA methods and standards, and inves-
tigation of pellet-cladding mechanical interaction behavior under
RIA conditions. Some of these items are discussed in great detail
in accompanying papers in this special issue of the journal.
Refractory alloys based on Nb, Ta, Mo, or W offer the potential
for significant improvements in high temperature strength com-
pared to Zr alloys. These refractory alloys generally exhibit poor
behavior in high temperature oxidizing environments, although
exploratory research has identified some alloys (e.g., Mo2Si-based)
with adequate short-term oxidation resistance [16], and tech-
niques for applying adherent oxidation-resistant coatings to
refractory alloys are under development [17]. It is noted that steam
attack in these materials has only recently been explored [18]
though it is widely known that high temperature oxidation can
be significantly different for steam and air. Potential cladding de-
signs for refractory alloys include monolithic (possibly with oxida-
tion-resistant coatings) and multilayered ‘‘sandwich’’ designs
where thin oxidation-resistant layers are applied to the inner and
outer surfaces of the refractory alloy. Issues to be resolved include
investigation of the potential for low-cost fabrication of tubing, the
effect of higher thermal neutron absorption cross section for some
of these refractories on fuel enrichment and other operational
requirements, the impact of radiation hardening and embrittle-
ment on cladding performance under normal operating conditions
[19–21], oxidation behavior in steam at high temperature, and
investigation of pellet-cladding mechanical interaction behavior
under RIA conditions.
5.3. Alternative fuel forms

Consideration of alternative fuel forms to the current mono-
lithic ceramic uranium-based oxide fuel pellets could provide im-
proved accident tolerance via improved fission product retention
at high temperatures and improved thermal/mechanical physical
properties. Heat capacity of the overall fuel pin significantly affects
the heat-up rate during transients [13], and in certain short-term
accident scenarios, the stored energy in the fuel that is governed
by thermal conductivity can affect the course of accident progres-
sion [22]. Alternative fuel systems under consideration include
high density and high thermal conductivity fuels (e.g., monolithic
nitrides or oxides containing high-conductivity second phases
[23]) and dispersed/inert matrix fuel forms where the fission prod-
ucts would be contained within discrete, isolated fuel particles
embedded within a nonfissile matrix (e.g., fully ceramic microen-
capsulated fuel [FCM] forms [24]). Potential benefits for dispersed
particle fuel forms include improved retention of fission products
via introduction of one or more additional safety barriers for fission
product release (at the potential expense of increased fuel isotopic
enrichment). Issues to be resolved include fabrication cost, reactor
physics design, optimized fuel enrichment level, irradiation behav-
ior, and investigation of behavior under LOCA, RIA, and BDB scenar-
ios. The relative lack of practical operating experience with
alternative fuel forms compared to monolithic UO2-based ceramic
fuel is also a barrier to their development, due to potential un-
known issues.
6. Conclusions

Several potential approaches for development of ATFs exist that
could lead to improved accident tolerance in LWR fuel systems,
while not sacrificing the impressive performance features of cur-
rent fuel systems under normal operating conditions. This special
issue of Journal of Nuclear Materials is dedicated to exploring these
various options and offering basic guidelines on the attributes of
ATF concepts. Each of these ATF options has known or potential
shortcomings; no panacea is in sight.

In general, accident progression in LWRs is dominated by the
integral system response during the course of such events. ATFs
can affect the sequence and rate of this progression, thereby min-
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imizing the burden on safety systems and providing enhanced cop-
ing time during such events. In this manner, the safety margins for
nuclear power systems can be enhanced.
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The feasibility of using SiCf–SiCm composites in light water reactor (LWR) fuel designs was evaluated. The
evaluation was motivated by the desire to improve fuel performance under normal and accident condi-
tions. The Fukushima accident once again highlighted the need for improved fuel materials that can
maintain fuel integrity to higher temperatures for longer periods of time. The review identified many
benefits as well as issues in using the material. Issues perceived as presenting the biggest challenges
to the concept were identified to be flux gradient induced differential volumetric swelling, fragmentation
and thermal shock resistance. The oxidation of silicon and its release into the coolant as silica has been
identified as an issue because existing plant systems have limited ability for its removal. Detailed
evaluation using available literature data and testing as part of this evaluation effort have eliminated
most of the major concerns. The evaluation identified Boiling Water Reactor (BWR) channel, BWR fuel
water tube, and Pressurized Water Reactor (PWR) guide tube as feasible applications for SiC composite.
A program has been initiated to resolve some of the remaining issues and to generate physical property
data to support the design of commercial fuel components.

� 2014 Elsevier B.V. All rights reserved.
1. Introduction

The drive to improve fuel cycle cost in the last few decades has
led to the increased use of zirconium based alloy materials in fuel
designs. The active zone of modern fuel assembly designs are con-
structed almost entirely of zirconium based alloys. Since its intro-
duction by the US nuclear naval program, significant improvement
to the alloys, particularly in cladding corrosion, has been made,
making it possible to design fuel assemblies well beyond the US
licensing burn-up limit of 62 GWd/MTU. However, despite the
gains, operational issues such as assembly/channel bow that are
tightly linked with material properties remain unresolved [1–5].

In response to the recent Fukushima Daiichi accident, the high
temperature performance of zirconium based alloys is now under
scrutiny. Although zirconium based alloys have nominal melting
point temperatures higher than 2073 K, the rapid exothermic oxi-
dation at much lower temperatures, 1073–1473 K, is of great con-
cern; from the point of view of hydrogen generation and heat
production during the oxidation process [6]. Recent evaluations
of several severe accident scenarios suggest zirconium heat of oxi-
dation may equal or exceed that of the decaying heat at around
1473 K, leading to a sharp increase in the fuel temperature and
subsequent melting of the fuel [6,7]. An alternative scenario where
the cladding is replaced with a more oxidation resistant material
does not result in a sharp temperature increase and fuel melting
could be delayed by around 10 h as the temperature increases to
around 1773 K [6,8]. The extra coping time provided by a more
high temperature degradation resistant material gives the impetus
to develop alternative fuel materials.

The US industry has initiated development programs to evalu-
ate advanced materials for nuclear fuel applications. This paper
explores potential use and benefit of using SiC in LWR fuel applica-
tions and focuses on developing material for BWR channel and
PWR guide tube applications.
2. Rational for selecting SiC

Searching for suitable alternative materials for nuclear fuel
application is a challenging problem given the complex design
requirements and hostile operating environments. It is understood
the new materials must meet or exceed the performance metric of
existing fuel designs while providing additional benefits/relief dur-
ing severe accidents as well as alleviate some normal operational
performance issues. The combined requirements of acceptable
neutron capture cross sections and high temperature properties
eliminate most of the elements from the periodic table.

Silicon carbide (SiC) has been identified as a potential candidate
material. It is not a widely known material but is used in several
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specialized applications, such as, body armor, high temperature
heat exchanger, jet engine combustor, and tri-structural-isotropic
(TRISO) nuclear fuel. Much of the SiC research for use in the nuclear
industry has been focused on the high temperature gas reactor
TRISO fuel and fusion reactor structural components [9–12], but
interest to use the material for light water reactor application is
increasing [13–15]. Data generated thus far suggest this material
has excellent performance in LWR environments and is known to
be stable to very high fast neutron fluences, after irradiation in-
duced volumetric swelling saturates [16,17,18]. Data also suggests
a substantial advantage under high temperature steam conditions,
with test results indicating oxidation rates of SiC at a small fraction
of zirconium based alloys at up to 1673 K [19–22]. These properties
allow revolutionary performance improvements over existing
materials.
Fig. 1. An illustration of severe channel bow.
3. SiC for fuel applications

3.1. Fuel cladding application

The initial concept of using SiC in LWR fuel designs started with
the fuel cladding application [11]. This effort was initiated before
the Fukushima accident with the intent of developing fuel products
that could offer revolutionary performance improvement under
normal and transient conditions. The fuel rod hermetic seal
requirement necessitated the use of an inner monolithic layer.
The monolithic layer was coated with a one dimensional fiber rein-
forced CVD infiltrated composite layer for strength. Test coupons of
this construction performed well in the PWR water chemistry of
the Massachusetts Institute of Technology (MIT) research reactor.
However, mechanical tests indicate this composite construction
may have poor fracture resistance. Additional research is in pro-
gress to increase the fracture toughness performance.

As part of a cost-benefit analysis, fuel rod design evaluations
were conducted using the FRAPCON fuel performance code. Publi-
cally available CVD SiC and CVD SiC composites thermal and
mechanical property data were used as input in the analysis. A
key finding from this study is the need to build sufficient pellet-
cladding gap into the fuel rod design to account for normal opera-
tional and transient pellet swelling since SiC is believed to be creep
resistant and is not capable of plastic deformation. A persistent and
larger than normal pellet-cladding gap, however, can lead to in-
creased thermal resistance and unacceptable fuel pellet centerline
temperature. Injecting a liquid metal into the gap is a possible
solution but it could introduce additional manufacturing and de-
sign complications. An alternative choice explored in the evalua-
tion was the use annular fuel pellet. Preliminary calculations
indicate a minimum of 10% fuel removal is needed to bring the fuel
interior temperature down to acceptable levels. In principle the
solution could work, but in practice the reduced volume is insuffi-
cient to pack enough fissile content for many core designs given
the 5% enrichment licensing limitation. Many of the existing core
designs are already using the practical 4.95% maximum enrich-
ment limit.

Perhaps the greatest challenge in using SiC as a cladding mate-
rial is the lack of a proven solution to seal the tube once fuel pellets
are loaded. Conventional welding techniques cannot be applied as
the material does not melt, but sublimes/decomposes at 3003 K.
Diffusion bonding that forms an intermediate phase has been tried
without much success; most of the test coupons detached from
each other after only a short exposure in the MIT research reactor.
Cause for the failure was not rigorously investigated but differen-
tial volumetric swelling rates between the monolithic SiC base
block and the intermediate bonding phase is suspected. Other solu-
tions, such as brazing or the use of a metallic ‘‘bladder’’, are also
being explored. However, these solutions could not take the full
advantage of what SiC has to offer since the brazing or bladder
materials do not necessarily have high temperature performance.
Recent results from irradiation of a variety of radiation tolerant
SiC joints in an inert environment at the High Flux Isotope Reactor
at ORNL appear promising [23], but need to be reevaluated in the
high-temperature water environments.

The lack of an end-plug sealing solution, the regulatory 5%
enrichment limit, and other potential challenges driven by differ-
ential-swelling-induced stresses across the structure, significantly
curtail development prospect for the material for fuel cladding
application.
3.2. BWR structural application

While several BWR fuel design components could be replaced
by SiC, the most prominent component is the channel, which
makes up approximately 40% of the zirconium in a typical BWR
core. Severe channel bow late in life, due to increased cycle length
and duty [1,2], has been observed in recent years. Channel bow is
primarily caused by fast neutron flux gradients and the less well
understood shadow corrosion. Once the material enters the sha-
dow corrosion mode, the rate of corrosion and total hydrogen pick-
up quickly accelerates. Susceptibility of zirconium based channels
to shadow corrosion has been correlated with the time the channel
is exposed to control blades early in life. The exact mechanism of
shadow corrosion is not well understood but some form of galvanic
corrosion in the presence of irradiation is suspected. The difference
in the rate of hydrogen accumulation between the shadow and
non-shadow faces of the channel quickly leads to differential
hydrogen concentration and bowing of the structure. Significant
channel bow reduces the inter-channel gaps and thus can lead to
control rod insertion difficulties, see Fig. 1. Although most of the
BWR channels in use today are fabricated from Zircaloy-2; the
industry is working to develop alternative zirconium based alloys
to address the issue. The use of Zircaloy-4 in this application has
had limited success. Zircaloy-4 is thought to be less sensitive to
shadow corrosion effects and has a more predictable hydrogen
pickup. Lead channels fabricated from other alloys, such as Ziron
and Low Tin ZIRLO™, are also being explored. Although some
improvements have been made with the use of alternative materi-
als, a complete solution to the channel bow problem has thus far
eluded the industry.
3.3. PWR structural application

The number of structural components a pressurized water
reactor fuel design that could be replaced with a SiC composite is



382 K. Yueh, K.A. Terrani / Journal of Nuclear Materials 448 (2014) 380–388
limited. The active fuel section of the PWR fuel design is made up
of spacer grids connected to each other via guide tubes. The spacer
grids have intricate spring forms and are typically stamped from
thin metallic strip material approximately 0.5 mm in thickness. A
single layer of braided SiC composite has similar thickness but it
would be very difficult or uneconomical to fabricate an entire
space grids using SiC composite.

The guide and instrumentation tubes, on the other hand, have
simple geometries and SiC substitute can be easily fabricated with
the current technology. Fuel assemblies fabricated from zirconium
alloy based guide tubes are susceptible to assembly bow because of
the low creep resistance of the material. Once the fuel assembly
buckles, hydraulic lift and spring hold down forces can quickly
cause permanent deformation in the assembly. An example of se-
vere fuel assembly bow is shown in Fig. 2. Similar to BWR channel
bow, fuel assembly bow can interfere with the insertion of control
rods and can lead to premature fuel discharge. Fuel assembly bow
has also lead to torn grids and fuel loading difficulties.
4. Benefit of using SiC composites

SiC is known to be irradiation stable in LWR environment, after
irradiation induced volumetric swelling saturates at around one
displacement per atom (dpa) damage, and therefore could resolve
some of the issues discussed in the previous section and at the
same time provide margin in a severe accident [14,15]. Both mono-
lithic and SiC fiber reinforced CVD composites have demonstrated
irradiation stability after volumetric swelling saturation. The SiC
stability and strength at high temperatures offer several advanta-
ges over that of the zirconium based alloys. SiC is known to be sta-
ble under irradiation, while offering high temperature oxidation
resistance. Also hydrogen induced degradation mechanisms com-
mon to zirconium based alloys are absent for SiC materials. Many
of the proposed new regulations, such as loss of coolant accident
(LOCA) [24] and reactivity initiated accident (RIA) [25], are based
on zirconium cladding degradation. In both of the proposed regu-
lations, the acceptance criteria are expressed as a function of pre-
transient hydrogen concentration and become more restrictive
with increasing hydrogen concentration.

Some of the benefits of applying SiC to LWR fuel applications
are as follow:
Fig. 2. An example of severe PWR fuel assembly bow.
(1) Irradiation stability

SiC composites fabricated from suitably prepared irradiation
stable fibers (nuclear grade) [26,27] have demonstrated stabil-
ity to very high fluences after an initial volumetric swelling that
saturates within one displacement per atom (dpa) damage. The
post saturation stability of the material offers revolutionary
advantages over zirconium based components,
(a) BWR channels could be immune from flux/shadow cor-
rosion induced bow after saturation

(b) BWR channels could be re-used multiple lifetimes since
re-channeling of existing fuel is practiced when
necessary

(c) BWR channel and PWR guide tubes would be immune
from accelerated irradiation induced growth late in life
(2) Resistance to high temperature steam oxidation

The slow oxidation rate of SiC offers tremendous advantage over
zirconium based alloys. At 1473 K zirconium based alloy cladding
ductility would be lost after only 5 min of exposure. After approxi-
mately 15 min of exposure the fuel would not survive the thermal
stresses of a quench and disintegrate upon reflood. SiC is not suscep-
tible to the zirconium alloy based degradation mechanisms. The
property of the base material will not be impacted by the high tem-
perature exposure and degradation is through material loss via oxi-
dation that takes place at a significantly slower rate (two to three
orders of magnitude slower). Test result indicates extremely low
material loss rate up to 1673 K and component integrity could be
maintained for hours at this temperature [19–21]. Preliminary
unpublished results indicate the material recession rate at 1873 K
allows the fuel to maintain geometry for several hours or days
depending on the pressure and flow velocity conditions [28].

(3) Creep resistance

SiC is known to have an extremely low irradiation creep rate
relative to zirconium based alloys [29–31] while LWR tempera-
tures are well below thermal creep rates for this refractory cera-
mic. Irradiation creep of zirconium based fuel designs is a key
and a primary contributor to fuel geometry changes. In the case
of PWR fuel, the buckling of guiding tubes creates the condition
of a bending stress which eventually leads to uneven creep and
permanent deformation of the fuel assembly. Assembly bow can
lead to multiple issues, such as increased control rod drop time, in-
creased core loading time, grid strap damage during loading/off-
loading, and power spike from bigger water gap. The low creep
rate of SiC is expected to practically eliminate permanent guide
tube/skeleton bow even after buckling.

In the case of BWR channels, the higher pressure on the inside
of the channel causes outward creep of zirconium based channel
box faces (see Fig. 3) and result in channel bulge. Channel bulge re-
duces inter-channel gap and can reduce safety margin in the form
of increased control rod drop time. Channel bulge could be elimi-
nated with the use of SiC channels. With the high creep resistance
it is also possible to design channels with a much thinner wall.
These two features frees up valuable core volume that can be used
to optimize fuel design, such as increased fuel loading.

(4) High temperature strength

One of the major obstacles to increase the regulatory fuel burn-
up limit is the phenomenon of fuel pellet fragmentation, relocation
and dispersal (FPFRD) of high burn-up fuel. The FPFRD phenomena
have been highlighted in recent Halden and NRC sponsored LOCA
tests at Studsvik Nuclear AB [32]. Although a significant number



Fig. 3. Gap closure due to channel bulge.
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of tests have been conducted, detailed mechanisms are still not
well understood. Fuel fragmentation in itself is not an issue, but
it could become an issue if significant balloon and burst material-
ize under high temperature accident conditions. SiC composite
based fuel cladding would not be faced with these issues as it
maintains high strength to well over 1773 K [33] and when it even-
tually fails the fiber structure ensures it would not fail catastroph-
ically and fuel would be retained in the fuel rod.

(5) Lower neutron capture cross-section

Silicon carbide has a lower neutron capture cross-section com-
pared to zirconium based alloys. BWR fuel designs using SiC-based
channel components can have substantial savings in reduced fuel
enrichment requirements. A single assembly analysis indicates
the reactivity increase from the lower neutron capture cross-sec-
tion of SiC is equivalent to approximately 0.1% fuel enrichment.
The reactivity increase benefit can be used by decreasing the as-
built U235 enrichment and can result in approximately $3 million
in savings per reload batch.
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Fig. 4. Flux gradient and differential volumetric swelling.
5. Feasibility evaluation

The design requirements of potential nuclear fuel components
that could be replaced with SiC were reviewed against the known
properties of SiC in a feasibility evaluation. While previous evalu-
ation suggested it may be possible to design a SiC fuel rod, the lack
of a proven sealing solution shelves the concept from further con-
sideration until a solution could be found. However, fuel structural
applications are not handicapped by the lack of joining technolo-
gies. BWR fuel channel, BWR water tube and PWR guide tube are
of simple geometry and in most cases are mechanically attached
to the rest of the fuel assembly. Thus, at a high level, the use of
SiC in LWR structural applications are promising, however, there
are several significant concerns that must be addressed. These con-
cerns are discussed in detail the following subsections.

5.1. Channel bow due to initial irradiation induced volumetric swelling

A literature review of irradiation data indicates SiC is suscepti-
ble to irradiation induced swelling, particularly large at LWR oper-
ating temperatures. Isotropic volume change from around 1.5% at
553 K to 0.6% at 1073 K has been reported, but it quickly saturates
at around one displacement per atom (dpa) [17]. In the presence of
a significant flux gradient, the 1.5% volume change could introduce
significant channel bow for a brief period of time in the first cycle
of operation. Differential irradiation induced volumetric swelling,
shown in Fig. 4, was determined by calculation based on a pub-
lished volumetric swelling model for two saturation volume
changes and an assumed flux gradient of 25% [17,30]. A higher vol-
umetric saturation of 1.9% was included because of large uncer-
tainty associated with the reported test data.

To put the differential volume change into perspective, the
allowable channel bow is approximately 5 mm. The active portion
of a channel susceptible to bow is on the order 3800 mm. With a
channel width of 140 mm, the allowable differential volume
change between opposing faces is 0.12% (8 � 5 mm � 140 mm/
38002) or 0.04% linear dimensional change. The 0.12% allowable
volume change is bounded by the 25% flux gradient curve with a
saturation volume change of 1.5%. An examination of a typical
BWR core design indicates majority of fresh channels experience
flux gradient of less than 25%. For the particular core design eval-
uated, about a dozen fresh channels experience flux gradient be-
tween 25% and 29% 3rd row in from the periphery positions. The
use of fresh zirconium or previous irradiated SiC channels or minor
core design changes could be made to accommodate these posi-
tions. It should also be noted that control rod induced channel
bow for SiC-based channels is away from the control rod and thus
larger channel bow may be acceptable for a short time period if the
larger than expected water gap is acceptable.

Volumetric swelling is not expected to be an issue for BWR
water tube or PWR guide tube since they are interior to the assem-
bly and much less sensitive to power differentials of adjacent
assemblies.
5.2. Fragmentation resistance evaluation

The fact that SiC is a ceramic material immediately conjures up
images of brittle failure of common ceramic consumer products. As
a fuel component, such concern must be addressed as brittle fail-
ures could not only lead to the loss of use of the component but
also generate a host of foreign debris issues that could cause fuel
failures during operation. For the PWR guide tube application, cat-
astrophic failure of the component could lead to a loss of fuel
geometry, rendering the fuel unusable. However, for the proposed
application, the component will be used in SiC fiber reinforced
composite form. Fragmentation resistance of the composite is ex-
pected to improve greatly as prior fabrication and testing of similar
material indicates a pseudo ductile failure mode [34]. In this work,
partial 3D SiC fiber reinforced composite BWR channel box was
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fabricated and subjected to simulated fuel handling accident im-
pact conditions.
5.2.1. Test article fabrication
SiC fiber reinforced SiC matrix composite (SiCf–SiCm) channel

boxes, 10.2 cm square cross-section, were produced with irradia-
tion stable, near stoichiometric Hi-Nicalon Type S SiC fiber by
chemical vapor infiltration (CVI). A thin pyrolytic carbon
(0.10 ± 0.05 lm) was applied to the fiber prior to matrix densifica-
tion. This composite construction has been previously shown to be
irradiation stable. The fiber preform was constructed of four layers
of Hi-Nicalon Type S totaling 1.5 mm in thickness. The innermost
and outermost layers were constructed of triaxial braids formed
continuously around a mandrel with the geometry of the channel
box inner mold line. The two layers between the braided layers
were formed from high areal weight Hi-Nicalon Type S fabric (8
harness satin construction at 360 g/m2) with an overlap joint such
that the expected axial strength was >30 ksi. After preforming, a
pyrolytic carbon fiber coating was applied by the thermal decom-
position of hydrocarbons at elevated temperature and reduced
pressure. SiC matrix densification was performed by CVI using
the thermal reduction of methyltrichlorosilane to beta phase sili-
con carbide. CVI processing with uniform deposition on all preform
surfaces was continued until �10% residual porosity remained.
5.2.2. Test conditions
Fragmentation type of failure during normal operation is not

expected since the component would only be subjected to minor
coolant turbulence forces. Significant impact loads are expected
during fuel handling scenarios, particularly in handling accident
situations. Three types of impact loading conditions, based on
actual fuel handling equipment operational practices, were
considered.

1. Normal loading impact: The component must survive nor-
mal handling impact loads without damage. This scenario
is applicable to normal fuel movement where the SiC chan-
nel may come into contact with other fuel assemblies, core
baffle or fuel storage structures. An impact velocity of 1.8 m/
min is defined for this condition. A single impact location at
middle location of the fuel assembly is assumed. The SiC
based channel must not sustain any damage as the contin-
ued use of the component is expected.

2. Full speed horizontal impact: The second scenario involves a
fuel movement accident in which fuel moving horizontally
at 18.3 m/min impacts a stationary object. A single impact
location at the middle of the fuel assembly is assumed.
The fuel would most likely not be used after such an acci-
dent and so limited damage may be allowed.

3. Drop impact: The third scenario is the most severe and it
simulates the side-impact of an assembly tipping over on
its side in water and impacts 10 channel handles. The top
span with the largest drop distance of 3.66 m was used to
calculate the kinetic energy at the point of impact. This
energy was then used to calculate an equivalent impact
velocity of a full mass assembly in air. Damage under this
scenario is expected but fragmentation would not be
acceptable.

The energy of impact was scaled back 40% for all three scenarios
because the nominal dimension of the test article is smaller than
actual channel. Only one test article was available and it was im-
pacted three times in the order listed above.
5.2.3. Test apparatus
Impact tests were conducted in air with the SiC test article

attached to the middle of a simulated BWR fuel assembly, see
Fig. 5. The facsimile fuel assembly has the same mass and external
dimension of a typical BWR fuel assembly. During a test, the
simulated assembly is suspended on a bridge crane and energy is
imparted to the system by pulling back the bottom of the assembly
and then releasing it to impact one of two types of fixed impacting
surfaces. A plate approximately 15 cm in height was used for con-
ditions 1 and 2 and a production BWR channel handle was used for
condition 3.

5.2.4. Test results
No visible damage was detected after the first impact (scenario

1). A small amount of material was dislodged from the surface on
the second impact (scenario 2), but no visible structural damage.
The test article was punctured on the 3rd impact (scenario 3). Deb-
ris generated from impacts 2 and 3 as well as an image of the punc-
ture from impact 3 is shown in Fig. 6.

The test article performed quite well from fragmentation resis-
tance point of view. Most of the debris generated from the 3rd
impact came from the channel handle cutting into the side-wall
of the test article. There was no crack propagation even with the
puncture. Preliminary consensus is that the debris generated
would be acceptable but input from a wider industry audience is
planned.

5.3. Silicon loss in the form of silica

Material recession, based on weight measurements, was re-
ported for triplex tubing material tested in the MIT research reac-
tor. The MIT research reactor has a neutron flux and spectrum
similar to LWR and test samples were placed in a pressurized
water loop heated to 553 K. The actual rate of material loss could
not be well defined by the MIT research reactor data as the test
samples were intended to evaluate material irradiation perfor-
mance and the fiber ends were exposed to the coolant. Much of
the material loss originated from the fiber–matrix interface. The
reported material loss in itself does not present a problem as the
rate is low and would not compromise component structural
integrity. The primary concern is the limited ability of the current
plant filtration systems to remove silica. Significant material oxida-
tion and dissolution into the coolant could overwhelm the filtra-
tion system and excess silica could be deposited on fuel rods as
crud causing fuel performance issues. Recent examinations have
shown the presence of zinc silicate in crud pores. The low conduc-
tivity of zinc silicate and its preferential deposition in the crud
boiling chimneys results in a tenacious crud that significantly de-
grades the heat transfer and if present in sufficient thickness can
lead to crud induced localized corrosion (CILC) failures. Without
an accurate material loss rate, it is not know if this will be an issue.
Additional filtration system may be needed.

5.4. High temperature oxidation

A concern was raised on potential rapid decomposition of SiC at
around 1873 K that could result in more hydrogen generation com-
pared to zirconium based alloys. While all materials would eventu-
ally decompose/melt without adequate cooling, it should be noted
that compared to the existing zirconium based materials SiC is
highly resistant to oxidation at temperatures significantly higher
than what zirconium based alloys could survive. The slow rate of
oxidation of SiC not only slows down material degradation but
more importantly the exothermic heat of reaction and the rate of
hydrogen generation is also correspondingly low. Analysis has
shown the exothermic heat of reaction of zirconium based



Fig. 5. (a) Model of test apparatus, (b) flat impact surface used for test conditions 1 and 2, and (c) BWR channel handle used as an impact for condition 3.

60 ft /minute 12 ft drop

(a) (b) (c)
Fig. 6. (a) Debris generated from the 2nd impact, (b) puncture after 3rd impact, and (c) debris generated from the 3rd impact.
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materials in the Three Mile Island accident contributed significantly
to the core temperature rise. Given the same scenario core melting
would have been avoided if SiC has been used as a fuel material.
5.4.1. Test apparatus
The high temperature steam oxidation tests were performed in

the high temperature furnace module of the severe accident test
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test temperature. During the temperature ramp the specimens
were exposed to flowing argon and did not experience any oxida-
tion. Once the target temperature was reached the environment
was switched from that of inert gas to pure steam. The steam flow
velocity was controlled with the rate of water injection into the
boiler using a pneumatic pump. Fig. 7b shows a typical tempera-
ture profile during a 4 h steam exposure test at 1973 K.

5.4.2. Test results
A limited number of test samples from the current fabrication

were exposed to high temperature steam to verify its performance
relative to literature results. The freshly cut test specimens were
CVD coated prior to exposure to one atmosphere pressure steam
at 1473, 1873 and 1973 K for 4 h. The 1473 K was selected as a ref-
erence since it is the limiting cladding temperature per US 10 Code
of Federal Regulation (CFR) 50.46 that governs fuel performance
and core emergency cooling system requirements in a postulated
design basis loss of coolant accident (LOCA). After the 4 h of expo-
sure, no significant weight change was detected at 1473 and
1873 K, and only a small weight change was detected at 1973 K.
The results are plotted in Fig. 8. Although the weight reduction
at 1973 K appears significant relative to the other two tempera-
tures, it is mostly an artifact of the scale used. The actual material
thickness loss is on the order of few micrometers. Important to
note is that subsequent characterization of the composite speci-
mens showed that the none of the high temperature exposures
(even at 1973 K) compromised the outer CVD SiC layer to expose
the fiber–matrix interphase.

5.5. Quench survivability

During the re-flooding phase of a LOCA event, the high temper-
ature fuel assemblies are subjected to rapid cooling from high tem-
peratures. To maintain in a coolable geometry, the channel
material must remain intact when water is reintroduced into the
core. Under such scenario, the channel may experience tremen-
dous thermal stress as the temperature of the component is rapidly
cooled from greater than 1073 K to around 408 K over a short time
period. Small composite SiC tubing samples had been exposed to
rapid temperature changes, such as quench in air from elevated
temperature and direct quench in water from 1473 k without
failure. In this work, a section of the test box 7.6 cm in length
was rapidly heated to 1423 K in air in an infrared tube furnace.
The test sample was introduced into the pre-heated furnace from
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room temperature and held at 1473 K for approximately 400 s.
The heat-up and cool down profile prior to quench, measured by
the specimen thermocouple, and a photograph of the test sample
inside the furnace are shown in Fig. 9. The test specimen was
manually withdrawn from the furnace and dropped into a bucket
filled with approximately 12 l of room temperature water. As the
test sample was withdrawn from the furnace there was a notice-
able change in color, indicating rapid cooling of the test article.
By the time it entered water, the color intensity had dim to slightly
dark red, suggesting a quench temperature around 973 K. There
was very little observable water boiling as the sample entered sug-
gesting a very rapid quench rate.

The quenched sample, photograph shown in Fig. 10, showed no
apparent damage. A weight measurement comparison revealed a
39 mg mass change. Upon close examination, two small pieces,
approximately 5 mm2 each in cross-sectional area, detached from
one of the inner surfaces. Based on the weight loss, the missing
pieces were approximately 60 lm in thickness, which is insuffi-
cient to reach the reinforcing fibers. Despite the lack of visual
damage, the test article gave a different acoustic response when
impacted by a striker, suggesting potential microstructure damage
through microcrack development. Additional examination and
testing of the quenched test article is planned.

The ability of the test article to remain structurally sound after
quench eliminates the quench survivability concern. The fuel
assemblies are not expected to be used again after a LOCA event
and so some microstructure damage or degradation is acceptable.
5.6. Neutronic evaluation

The impact of lower SiC neutron capture cross-section was eval-
uated from reactivity and economic perspectives for channel wall
thicknesses of 2, 2.5 and 3 mm at a nominal core void fraction of
40%. As expected all three cases showed positive reactivity change
that increases with burn-up relative to a 2.5 mm zirconium based
channel. An evaluation of the reactivity increase indicates the fuel
enrichment may be decreased by approximately 0.1% for equiva-
lent core reactivity, translating to approximately $3 million in sav-
ings per batch of fuel assemblies. However, whether savings could
be realized will depend on the manufacturing cost of SiC based
channels. Currently bulk of the SiC channel fabrication cost is tied
to the expensive irradiation stable Hi-Nicolon SiC fiber. These fi-
bers are made in small batches and key processes are at a labora-
tory scale. In order for the SiC channel concept to be competitive,
an order of magnitude reduction in the fabrication cost of SiC fiber
is needed.

A sensitivity evaluation of the effect of SiC channel on the void
coefficient of reactivity was also investigated. Relative to a 2.5 mm
zirconium channel, the results indicates positive change in the
coefficient for 2 and 2.5 mm channel thickness and slightly nega-
tive for the 3 mm thick channel.
6. Development program

Although the thermal shock issue was not been entirely re-
solved in the feasibility evaluation, new data suggests the compos-
ite form of the material should perform well under thermal shock
and therefore it is not anticipated to be fatal to the viability of the
concept. The release of silica into the coolant could cause serious
issues if not mitigated but it is possible to filter out the material
with plant modifications. An extensive test program is being exe-
cuted to resolve or determine extent of the issues and to generate
the physical property data needed to support the design of com-
mercial SiC-based fuel structural components.
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Fig. 10. Test article after quenching in water from 1423 K.
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6.1. Non-irradiated out-reactor testing

Key properties to be measured are mechanical strength, density,
fatigue, thermal, thermal shock and wear. Most of the tests have
standard procedures and therefore details and test parameters
are not described. Fatigue testing is being conducted at 573 K
and at a cycle frequency of 10 Hz. The test starts with a deflection
equivalent to 10% proportional stress limit and increases by 10%
every 1000 cycles until failure or a maximum of 25 thousand
cycles.
Table 1
Irradiation induced swelling test plan.

Reactor Temp (K) Irradiation Damage (displacement per at

0.03 0.1 0.25

HFIR 533 X X
553 X

MIT 553 X
6.2. In-reactor testing

The bulk of the development effort is focused on irradiation
effects.

6.2.1. Corrosion
Corrosion testing will be conducted at 553 K using the MIT

research reactor. The MIT core offers neutron spectrum similar to
commercial reactors. The pressurized water loop will have a
BWR like water chemistry and a flow rate of approximately 2 m/
s. The flow rate is lower than the typical commercial BWR 10 m/
s and may be a source of error if erosion is significant. However,
as the flow is parallel to the channel surface, the impact from
erosion, if it occurs, would be small. The test samples will be
76 mm � 10 mm � 1.5 mm in dimension. Prior to irradiation, half
of the coupons will be pre-conditioned in a standard ASTM G88
633 K water autoclave run for a duration of 3 days to remove any
surface silica. Test sample weight will be measured between cycles
and coolant silica content may be monitored via Si-31 gamma and/
or CIP-AES to evaluate silica release into the coolant.

6.2.2. Irradiation induced volumetric swelling
Volumetric swelling data will be generated at the Oak Ridge

National Laboratory (ORNL) High Flux Isotope Reactor (HFIR) and
the MIT research reactor. Test samples approximately 25 mm �
4.5 mm � 1.2 mm will be irradiated in the ORNL HFIR Flux Trap
positions at conditions outlined in Table 1. Dimensional changes
in the MIT corrosion coupons will generate additional volumetric
swelling data. The two sources generate complementary data at
different damage levels to build a detailed map of the material
behavior. It also provides a cross check of the two different testing
environments. The HFIR test reactor has a flux density much higher
than commercial reactors and thus it raises the question if the data
is applicable to LWR conditions. Theoretically if no damage recov-
ery mechanism is involved during irradiation, none expected for
SiC, there would be no difference in the test results between the
om)

0.4 0.5 0.75 1 6

X X X
X

X X X
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two test environments. Additionally, the test sample temperature
in the HFIR reactor is controlled by sample/holder design and
therefore could introduce uncertainties. Consistent test results
from the two reactors would therefore validate the applicability
of using the higher HFIR flux to the study of SiC for the test
conditions and serve to further verify the indirect temperature
measurement technique used in the HFIR test.

6.2.3. Creep
Test coupons approximately 89 mm � 10 mm � 1.5 mm in

dimension will be utilized in a stress relaxation test in the MIT re-
search reactor. Two-piece sample holders with curvatures neces-
sary to generate sample surface strains of 0.025% and 0.05% will
be used. Permanent set in the sample will be used to calculate
creep rates as a function of stress.

6.2.4. Small scale integral demonstration
A small scale integral test, using a box sample approximately

35 mm � 35 mm � 610 mm, is planned for the HFIR reactor should
the test results prove the concept viable. The test sample will be
irradiated in the large 76.2 mm diameter VXF position where a sig-
nificant flux gradient is expected. The goal of the integral test is to
demonstrate/verify at a component level the predicted behavior
based on the physical data generated from the irradiation testing
program. The differential volumetric swelling induced channel
bow and the eventual straightening of the component once irradi-
ation saturation occurs is of primary interest.

Post irradiation mechanical property tests are planned for the
corrosion coupons and the integral test sample. Although signifi-
cant material degradation is not expected with the use of High
Nicalon Type – S SiC fiber [13] these tests serve to verify the
material performance for the current component construction.
The corrosion coupons will be subjected to a mechanical flexural
test. Integral samples, in irradiated and non-irradiated conditions,
will be subjected to an impact test.
7. Summary

The feasibility of using SiC composite in various LWR fuel com-
ponent applications was reviewed. SiC offers many benefits over
zirconium based alloys and at the same time presents a number
of challenges. Initial screening indicates differential irradiation in-
duced swelling due to fast neutron flux gradient, fragmentation
and thermal shock resistance may pose the greatest challenge to
the use of the material. Detailed evaluation and subsequent testing
eliminated most of the concerns. Evaluations conducted thus far
suggest SiC composite based BWR Channel/water tube and PWR
guide tube concepts are promising. An extensive testing program
is in progress to resolve some of the remaining issues and to gen-
erate data needed to support the design of commercial fuel assem-
bly components. Should the test data continue to support viability
of the concepts, decision for commercial demonstration can be
made by 2015.
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This paper addresses certain key feasibility issues facing the application of SiC-matrix microencapsulated
fuels for light water reactor application. Issues addressed are the irradiation stability of the SiC-based
nano-powder ceramic matrix under LWR-relevant irradiation conditions, the presence or extent of reac-
tion of the SiC matrix with zirconium-based cladding, the stability of the inner and outer pyrolytic graph-
ite layers of the TRISO coating system at this uncharacteristically low irradiation temperature, and the
state of the particle–matrix interface following irradiation which could possibly affect thermal transport.
In the process of determining these feasibility issues microstructural evolution and change in dimension
and thermal conductivity was studied. As a general finding the SiC matrix was found to be quite stable
with behavior similar to that of CVD SiC. In magnitude the irradiation-induced swelling of the matrix
material was slightly higher and irradiation-degraded thermal conductivity was slightly lower as com-
pared to CVD SiC. No significant reaction of this SiC-based nano-powder ceramic matrix material with
Zircaloy was observed. Irradiation of the sample in the 320–360 �C range to a maximum dose of
7.7 � 1025 n/m2 (E > 0.1 MeV) did not have significant negative impact on the constituent layers of the
TRISO coating system. At the highest dose studied, layer structure and interface integrity remained essen-
tially unchanged with good apparent thermal transport through the microsphere to the surrounding
matrix.

Published by Elsevier B.V.
1. Introduction

Improving the accident tolerance of current or future light
water reactors can be achieved in a number of ways: through a sys-
tems approach, by enhancing the accident tolerance of the fuels
themselves, or through combining these approaches. Attributes
of enhanced accident tolerant fuels as compared to the current
UO2-Zircaloy fuel system may include: reduced enthalpy and
hydrogen production due to the steam reaction, improved
mechanical integrity for improved coolable core geometries and
resistance to fuel dispersal at higher temperatures, or enhanced
control or containment of fission products thus limiting the possi-
bility of off-site contamination. These final points, (mitigating
fission product release) are the primary motivators for a new fuel
being developed and the motivation for this paper. This fuel sys-
tem, referred to as the fully ceramic microencapsulated (FCM) fuel,
is discussed in detail elsewhere [1–3]. However, the fundamental
concept draws on the well-established gas-cooled reactor fuel
technology: fissile kernels and subsequent fission by-products
are contained within layered shells of pyrolytic carbon and silicon
carbide. For the LWR application, these microencapsulated fuel
particles (also referred to as TRISO or tristructural isotropic fuels)
are compacted into a SiC-based nano-powder ceramic matrix,
yielding a non-porous SiC ceramic matrix-microencapsulated fuel
pellet or the FCM fuel. This is in contrast to the gas-cooled reactor
fuel system, which compacts the TRISO in a porous graphitic ma-
trix. The presence of the SiC shell of the TRISO within the dense
SiC matrix provides two additional barriers to fission product re-
lease compared to the current commercial UO2 fuel system. In
addition to the fission product retention aspects of this fuel, the
relative thermal conductivity of the SiC matrix as compared to
UO2 is quite good, yielding an estimated as-irradiated fuel center-
line temperature of <700 �C compared to �1100 �C for mixed oxide
fuel [3] leading to reduced stored energy in the core and reduced
operational release of fission products from the fuel.

The potential benefits conferred from the FCM fuel assume per-
formance of both the TRISO fuel and the nano-phase powder based
sintered SiC matrix, which are currently unknown at LWR condi-
tions. While there has been substantial data on the performance
of TRISO fuels, and most recently exceedingly good performance
of the new generation of fuels developed for the Advanced
Gas-cooled Reactor program, [4] the application for which such
fuel has been tested are typically in the 800–1300 �C range
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(hundreds of degrees above that anticipated for the FCM). More-
over, the fast neutron fluence expected for the FCM fuel will be
similar to that of UO2 LWR fuels (depending on fuel assembly
design), though it will be significantly higher than typical for
gas-cooled reactors.[5] This is important as it is known that the
constituent pyrocarbon layers within the TRISO undergo substan-
tial temperature and dose-dependent dimensional changes for
conditions typical of gas-cooled reactors. The integrity of the indi-
vidual coating layers and the integrity of the interfaces between
these layers at both the higher neutron dose and lower irradiation
temperature of the expected LWR application are therefore neces-
sary information. With respect to the SiC-based nano-powder cera-
mic matrix, while there are limited data [6,7] suggesting its
irradiation stability, that data is also at temperatures well above
the LWR fuel application temperature. Specifically, the neutron
irradiation data available is provided for irradiation at 800 and
1300 �C. [6] Finally, the FCM concept with respect to its application
to the current generation of commercial light water reactors re-
quires an acceptably limited reaction between the fuel matrix
and Zircaloy cladding, for which there is currently no information.

In this early stage of fuel development, the key issues of irradi-
ation stability of TRISO coating system constituents at LWR-rele-
vant conditions of temperature and fluence, as well as the
performance of the SiC-based nano-powder fuel matrix, became
a focus of study. Additionally, the presence or level of interaction
between the fuel matrix and commercial Zircaloy has also been
an area of research interest. Findings related to these issues are
presented here.
2. Materials

Pellets for this study were fabricated through hot pressing of a
specially mixed ceramic powder, and by mixing together this pow-
der with surrogate microencapsulated fuel. The mixture was
pressed in a graphite die to 1850 �C in an argon cover over a pres-
sure range of 10–20 MPa. The powder was a mixture of SiC ‘‘nano-
powder’’ including minute amounts of oxide additives: 1.75 wt%
yttria (Y2O3), 3.25 wt% alumina (Al2O3), and 2.0 wt% silica (SiO2).
The mean diameter of all the powder particles was in the
30–40 nm range. Thorough mixing of the oxide additives with
the base SiC powder is necessary to achieve optimized matrix
microstructures. This was achieved by ultrasonic mixing of the
powder mixtures in an alcohol medium [2]. Surrogate TRISO
particles used during the fabrication of FCM pellets are the
ZrO2-500-AK2-surrogate TRISO batch that have been previously
fabricated and characterized in detail [8,9]. The optical anisotropy
factor of the inner and outer pyrolytic carbon layers was measured
to be 1.029 and 1.009, respectively. The AK2 particles consist of a
530 lm average diameter zirconia kernel that is coated to result
in a 916 lm average diameter TRISO particle. The OPyC and SiC
shell densities were previously measured to be in the range of
2.011–2.013 g/cc and 3.204–3.206 g/cc, respectively [8]. For the
eventual FCM application, uranium nitride kernels in the range of
650–800 lm are being developed. [10] However, the layers sur-
rounding the UN kernel would likely be similar in structure (if
not thickness) to that studied here for the AK2 surrogate particles,
thus the AK2 TRISO is assumed a viable surrogate for the purposes
of this study.

The hot-pressed specimens then underwent machining to
achieve geometry appropriate for reactor irradiation. Specifically,
samples were machined to precise dimensions required to set
the internal gap between sample and Zircaloy cladding (discussed
in Section 3). As these samples were not over-coated (as one would
expect in graphite-matrix gas reactor fuel [11] and in the newer
generations of FCM pellets), some machining/destruction of
peripheral TRISO particles occurred. This will be seen in later
optical micrographs. A number of pellets do not contain any TRISO
particles and are fabricated to: (i) investigate the hot-pressing
behavior of monolithic SiC and (ii) to determine the stability of
monolithic nano-SiC powder based ceramic under neutron irradia-
tion. Also, those samples without embedded TRISO particles were
utilized after irradiation for determination of irradiation tempera-
ture using an isochronal annealing and thermal diffusivity process.

The microstructure of the non-irradiated pellets will be dis-
cussed more fully in Section 4.2, though all samples had the
appearance of near full density. The first type of material studied
here is a nano-phase powder based hot pressed SiC that is ‘‘matrix
only’’ material, containing only constituents of the ceramic matrix
of the FCM fuel. Within these samples there is a subset referred to
as lower density (0.86–0.90 theoretical SiC density) and a subset re-
ferred to as higher density (0.94–0.98 theoretical). The higher den-
sity material was processed to higher temperature resulting in
larger SiC grains and improved thermal conductivity. The second
type of material studied is the ‘‘FCM surrogate’’ fuel, or samples
containing surrogate AK2 TRISO particles compacted to form the
SiC-based nano-powder matrix. The TRISO particles for those
materials appeared randomly dispersed and were largely undam-
aged by the processing. However, since no particle overcoating
was carried out for the samples of this study some detrimental par-
ticle–particle interaction occurred during the matrix consolidation
step. The layered structure of a non-irradiated surrogate TRISO
containing sample can be seen in the left-most image of Fig. 1, with
a higher magnification image of the transition from the CVD SiC
layer of the TRISO into the near fully dense SiC matrix into which
the TRISO particles were dispersed (Fig. 1). The interface between
the TRISO particle and the SiC matrix exhibited good contact with
no significant voids or evidence of debonding. Close examination of
the matrix microstructure showed a uniform SiC matrix with small
volume fraction of isolated oxide phases. It is noted that this paper
reports on an early generation of FCM fuel whose matrix is consis-
tent with the lower density matrix ceramic material discussed
above. Current generation materials have higher crystalline perfec-
tion and higher density and thermal conductivity, consistent with
the higher density matrix ceramic discussed here.
3. Irradiation and experimental

A series of pellets were machined with a nominal 8.2 mm diam-
eter (replicating a 17 � 17 Westinghouse PWR bundle) and irradi-
ated in a ‘‘rabbit capsule’’ in position 6 of the Peripheral Target
Tube (PTP) of the High Flux Isotope Reactor (HFIR). Axial position
6 is just above the reactor mid-plane resulting in a fast neutron flux
of 1.01 � 1015 n/cm2 s. For this position the nominal thermal neu-
tron flux is 2.5 � 1015 n/cm2 s. Peak magnitude of heat generation
rate (dominated by gamma heating) in the SiC and Zircaloy clad-
ding was estimated to be 32 and 39 W/g, respectively.

Table 1 provides a loading schematic of individual pellets within
the rabbit capsule, along with the sample dimensions and accumu-
lated fast fluences and irradiation temperatures. Each capsule was
assembled containing five surrogate-containing or matrix-only
samples, separated by a high-purity nuclear graphite spacer, placed
inside an open-ended Zircaloy-4 cladding tube section. This assem-
bly was placed inside an aluminum outer holder with stainless
steel spacer caps on either end thus defining a gas-gap between
the Zircaloy tube and the aluminum external capsule. Following a
vacuum purge the capsule was back-filled with high-purity neon
that served to conduct the internally generated heat across the
gas gap. The fill gas, gas gap, and amount of nuclear heating
determined the sample temperature. The target temperature was
determined using the ANSYS code and macros associated with its
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Fig. 1. (a) Low magnification SEM image of TRISO particles embedded in SiC matrix.
(b) Grain microstructure in the matrix SiC and the CVD SiC shell of the TRISO
particle. (c) Microstructure of matrix SiC in monolithic pellets.
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use in HFIR reactor experiments. The centerline temperature of the
sample pellets was calculated to be approximately 25 �C higher
than the periphery based on the assumed irradiated thermal con-
ductivity, density, and HFIR gamma heating. It is noted that for
an experiment utilizing a fissile-fueled FCM where the fuel linear
heat flux was set to match that of a LWR, the centerline tempera-
ture would be approximately 100–300 �C above the peripheral
temperature.

Actual irradiation temperature of the samples was determined
using the matrix-only samples through an isochronal annealing
and room temperature thermal diffusivity approach described
elsewhere [12,13]. A Netzsch Nanoflash LFA 257 was used to hold
samples at pre-determined anneal temperatures for 30 min fol-
lowed by a return to 100 �C for the thermal diffusivity measure-
ment. The irradiation temperature is then determined to be the
point at which the as-irradiated thermal conductivity deviated
from constancy. An example of the resulting data is given in
Fig. 2, providing the raw data from the FCM-EO2 sample 18A. Here
a clear recovery in conductivity can be seen at approximately
320 �C which continues in an approximately linear fashion until
at least 700 �C. While thermal diffusivity is a measurement inte-
grated over the entire diameter, the change in thermal diffusivity
would first occur near the periphery of the sample (as it is at a low-
er irradiation temperature) and this technique is therefore consid-
ered accurate within experimental error which is a combination of
factors including the isochronal temperature mesh interval, the
measurement repeatability, and the error associated with the sam-
ple temperature gradient. The specific temperatures and tempera-
ture errors reported in Table 1 are associated with the outer
surface of the samples and the mesh intervals and are considered
conservative. It is noted that the HFIR operated at a remarkably
constant flux and power level and that, typically, temporal sample
temperature variations that may occur are due to gap changes
internal to the irradiation vehicle. It is further noted that the
post-irradiation SiC temperature monitor technique reflects the
state of the temperature monitor integrated over a fluence period
of roughly 1E24 (E > 0.1 MeV) at the end of irradiation and there-
fore the data given in Table 1 are essentially snapshots near the
end of each cycle. However, assuming constancy in power we
may tentatively conclude that temporal fluctuations within the
irradiation vehicle had not occurred by noting the near equivalence
in the end-of-cycle temperature reading from each of the rabbits:
the rabbits were inserted in a group and removed after 1, 2, 3,
and 4 cycles respectively.

Samples prepared for thermal diffusivity measurements and
transmission electron microscopy (TEM) were obtained by section-
ing the as-irradiated specimens. For the case of thermal diffusivity
measurements, the as-irradiated thickness would yield too great a
half-rise time after the laser pulse to be compliant with ASTM
guidelines [14]. Therefore, the sample was cut in half and both
halves measured with each data-point reported. The TEM samples
were prepared using an FEI Quanta 3D focused ion beam (FIB) at
room temperature from an area near the axial-center, periphery
of the sample, and therefore as near to the reported sample tem-
perature as possible. An FEI CM-200 TEM was used for microstruc-
tural imaging of the FCM interfaces and near-surface region of the
Zircaloy-4 tube.

Tomographic images were obtained using a MicroXCT™ (Xradia,
Inc.) system consisting of a microfocus X-ray source with a tungsten
target and a Peltier-cooled CCD (Charge Coupled Device) detector
system equipped with a scintillator and �4 and �20 objective lens.
Two-dimensional tomographic images were acquired using a tube
voltage of 40 kV and power of 8 W at 20 �magnification. Source
to sample and detector to sample distances were �100 mm and
15 mm, respectively. 3200 angular projections were acquired by
180� object rotations with a 15 s windows for each. The acquired
images were corrected with a reference image, which was obtained
using 40 averaged images of 15 s per image scan. The images were
reconstructed by TXMReconstructor to obtain three-dimensional
tomographic images. The image resolution at 20�magnification
is 1.5 lm with a 1 mm field of view.
4. Results and discussion

4.1. Visual inspection, swelling and thermal conductivity

As the capsules began irradiation at the same time, capsules
completed irradiation and were disassembled over a period of
approximately one year. The Zircaloy-4 holders were removed
from the aluminum housings without incident and the samples
and spacers were pushed from the Zircaloy-4 holders without need
for undue force or cutting. In all cases the samples were photo-
graphed in-cell as they were removed from the capsules and stored



Table 1
Sample and Irradiation Conditions.

Rabbit holder
Schematic

Capsule I.D. Tirr (�C) Neutrondose E25, n/m2
E > 0.1 MeV

Pre-Irrad
diameter (mm)

Pre-Irrad
thickness (mm)

Particle volume
fraction (%)

Density
(g/cc)

FCM-EO1 1 1.8 8.098 6.951 0 2.88
29 325 ± 20 1.9 8.092 6.726 0 3.2
16 2 8.164 6.973 20 2.96
7 2 8.088 6.965 29 2.74
14 2.1 8.208 6.972 38 2.91

FCM-EO2 2 3.6 8.088 6.951 0 2.74
18 320 ± 20 3.7 8.214 6.752 0 3.2
10 3.8 8.216 6.968 0 2.88
5 3.8 8.072 6.993 28 2.85
12 3.9 8.192 6.961 39 2.82

FCM-EO3 3 5.4 8.206 6.965 0 2.91
31 360 ± 10 5.5 8.092 6.487 0 3.2
15 5.6 8.087 6.96 21 2.79
8 5.7 8.198 6.965 27 2.91
21 325 ± 15 5.8 8.213 6.549 0 3.2

FCM-EO4 4 310 ± 10 7.2 8.084 6.963 0 2.91
17 320 ± 20 7.4 8.213 6.615 0 3.2
9 7.5 8.091 6.955 18 2.69
6 7.6 8.198 6.989 27 2.95
11 7.7 8.093 6.971 41 2.74
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Fig. 2. An example of the isochronal annealing data providing the actual irradiation
temperature.

Fig. 3. In-cell optical images of FCM-EO2 samples taken after capsule disassembly.
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until their activity was within acceptable limits for further testing.
Without exception the FCM surrogate fuel and matrix-only sam-
ples appeared unchanged due to the irradiation. An example series
of photos is given in Fig. 3, which provides top and side-view
images taken in-cell of the FCM-EO2 capsule. As the samples con-
taining surrogate TRISO for this study were not over-coated follow-
ing hot pressing but were machined down to the required
irradiation vehicle dimension and tolerance, the periphery of some
samples clearly show exposed and disrupted TRISO.

Once the samples from the FCM-EO2 and EO4 capsules were re-
moved from the Zircaloy-4 holder those holders were cut length-
wise exposing the inner surface of the holder for visual
inspection. An image of the inner surface of the Zircaloy-4 holder
from the highest dose capsule studied is provided in Fig. 4. From
this figure the regions in contact with the graphite spacer and
the FCM fuel can be clearly distinguished, with the graphite regions
being more optically dull as compared to the relatively optically
shiny regions occupied by the FCM or SiC matrix materials. Close
inspection indicates that the dull/diffuse region extends and slowly
extinguishes with increasing distance from the graphite spacer.

The sample swelling from this study is presented in Fig. 5 along
with historic data for CVD SiC. [15] From the figure, the typical
temperature-dependent approach to saturation for CVD SiC is
clear, with saturation occurring by �2 � 1025 n/m2 (E > 0.1 MeV)
at an irradiation temperature of a few hundred degrees Celsius
and occurring at �6 � 1025 n/m2 (E > 0.1 MeV) for higher irradia-
tion temperatures. The data on swelling for the surrogate FCM
samples is shown as open circles in this figure. The SiC ceramic ma-
trix-only material is shown as open squares. No correlation be-
tween the presence of the surrogate TRISO or the relative loading
of TRISO with swelling is observed. The surrogate FCM and the ma-
trix-only materials, within experimental error, swell consistently.
However, taking the data-set as a whole, it is clear that the mate-
rial has achieved swelling saturation at, or very near, the lowest



Fig. 5. Swelling of FCM matrix SiC, compacted surrogate FCM, and historic CVD SiC
irradiated in HFIR as a function of fluence and temperature.

Fig. 4. In-cell optical image of inner surface of high dose FCM-EO4 axially-sectioned
Zircaloy-4 holder.
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dose studied (�2 � 1025 n/m2 (E > 0.1 MeV)) It is also clear that the
SiC-based nano-powder ceramic in this irradiation temperature
Fig. 6. Thermal conductivity of SiC-based nano-powde
range (�310–360 �C) exhibits swelling behavior closer to CVD SiC
irradiated at a somewhat lower temperature.

The possibility of higher swelling for SiC-based nano-powder
ceramics has been suggested previously for ion and higher temper-
ature neutron irradiation, though conclusions could only be tenta-
tively made.[6,7] Koyanagi[7] utilized 5.1 MeV Si ions in the
temperature range of 280–1000 �C at a dose rate of approximately
a few dpa/hour, or about a factor of 500 times the dose rate of the
current study. For the lowest temperature of his study (280 �C,
compared to �310–360 �C here) Koyanagi reported a twofold in-
crease in swelling compared to CVD SiC for the same nominal dose
as the current study and for a SiC-based nano-powder ceramic con-
taining 9% sintering aid compared to �6–7% for the present study.
Based on detailed microstructural analysis Koyanagi concludes the
significant difference in swelling for his lower temperature sample
set is due to the irradiation-induced amorphization of the Y/Al con-
taining oxides. However, this explanation does not address the
possibly statistically significant difference in swelling for the
Koyanagi data at �1000 �C or the Ozawa [6] neutron irradiation
data at 800 and 1300 �C, temperatures for which amorphization
of residual oxides would not occur.

The thermal conductivity for the SiC-based nano-powder ma-
trix material and the surrogate TRISO containing FCM are pre-
sented in Fig. 6 on the left and right, respectively. For the matrix
materials the data are presented as lower density matrix material
containing a higher level of sintering aids with approximately
86–90% of theoretical SiC density. As fabricated, these materials
possessed ambient thermal conductivity of approximately
30 W/m K. This lower density matrix material best matches the
matrix of the surrogate FCM irradiated in this study that was
produced using essentially the same powder and consolidation
conditions. It is noted that this is considered early-stage material
with later FCM matrix being more representative of the higher
density matrix. The higher density SiC matrix material irradiated
in this work was in the 94–98% dense range, possessing an ambient
non-irradiated thermal conductivity approaching 90 W/m K.

From the left-most plot of Fig. 6 it is seen that the thermal con-
ductivity of the lower density and higher density SiC matrix mate-
rials has apparently saturated by the lowest fluence of this study at
ambient values of �4 W/m K and �7 W/m K. The surrogate FCM
materials appear to have likewise saturated near the value of the
lower density matrix material (�4 W/m K.) It is noted that in this
r matrix material (left) and surrogate FCM (right).
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Fig. 7. (a) Bright field image of nano-phase powder based sintered SiC microstruc-
ture with 6 wt.% yttria–alumina, (b) phase contrast image of the grain boundary
between two silicon carbide grains filled with amorphous oxide along with a triple-
joint filled with a crystalline oxide.
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analysis thermal conductivity as determined from the thermal dif-
fusivity following the standard relation k = aqCp, where a and q are
the measured diffusivity and density, respectively. A constant spe-
cific heat (Cp) associated with SiC is assumed using the algorithm
provided in the Handbook of SiC Properties for Fuel Performance
Modeling. [16]. Assuming a specific heat of stoichiometric SiC is
not entirely correct due to the presence of the sintering aids in both
the matrix material and the non-SiC constituents of the TRISO.
However, this error is considered minor.

Terrani [3] has previously estimated the thermal conductivity of
FCM fuel, comparing it with commercial UO2 as a function of irra-
diation. In that analysis it was assumed that the thermal defect
resistance approach [17] could be used with the compiled data
on CVD SiC [16] to arrive at an as-irradiated conductivity as a func-
tion of temperature. For similar irradiation conditions to the cur-
rent study Terrani predicts a thermal conductivity near ambient
of �10 W/m K in the irradiated, saturated condition. This is consid-
erably higher than the �7 W/m K measured in this study. However,
it is noted that the Terrani analysis assumes the irradiation swell-
ing and phonon-scattering behavior of CVD SiC. As discussed ear-
lier, the swelling of the FCM matrix material is somewhat greater
than the swelling of CVD SiC, on the order of 0.25% or more. It
has been previously shown that a correlation exists between ther-
mal defect resistivity and the magnitude of swelling in SiC, [16,15]
and that this correlation is essentially independent of irradiation
temperature in the saturation swelling regime of SiC (�200–
800 �C). This then allows a thermal conductivity degradation to
be calculated for the apparent swelling difference between CVD
SiC and the FCM matrix material. Following this approach an addi-
tional reduction in thermal conductivity of �3 W/m K for high den-
sity FCM matrices, and �2 W/m K for the lower density FCM
matrices is calculated, essentially rectifying the difference in as-
irradiated thermal conductivity between CVD SiC and the SiC-
based nano-powder matrix material. However, this position is
somewhat unsatisfying as the thermal defect approach assumes
that the added defect resistance, which is related to the concentra-
tion of simple vacancies and vacancy clusters, is also directly re-
lated to the interstitial-driven swelling. As will be speculated in
the next section, the enhanced swelling of this material may not
be due to an increased concentration of vacancies, but may be
caused by the presence and swelling of the residual sintering aids.
If indeed the added swelling in the SiC-based nano-powder matrix
is due to the presence of sintering aids then added phonon-scatter-
ing at grain boundaries and triple-junctions is also a potential
explanation for the lower thermal conductivity of this material.

4.2. Microstructure and interface stability

The microstructure of the non-irradiated SiC-based nano-pow-
der of the FCM fuel has been investigated in detail and presented
previously by the authors [2]. Fig. 7 captures representative micro-
structures for a 6 wt.% yttria–alumina additive material at various
magnifications with SiC–SiC grain boundaries and entrained oxide
pockets examined in phase contrast mode. As seen in Fig. 7b, an
amorphous grain boundary oxide layer on the order of a few nano-
meters is present. Fig. 7b also provides a high-resolution image of a
crystalline entrained oxide pocket at the triple junction. It is noted
that entrained oxides of crystalline alumina, crystalline YAG
(Y3Al5O12), mixtures of the two, as well as amorphous mixtures
including silica have been observed in the entrained oxide pockets
of SiC-based nano-powder materials. This is to be expected upon
investigation of the ternary alumina–yttria–silica phase diagram
and the additive mixture composition. For the material thus far
studied for FCM application, only crystalline alumina and YAG have
been observed within these pockets. These observations remain
consistent with previously reported results [18].
In the non-irradiated condition, the surrogate FCM samples
underwent X-ray micro-tomography to determine, in part, the ef-
fect of processing on the OPyC and SiC layers. However, the effect
of processing conditions on the particle integrity was carried out in
detail previously as part of the fuel process optimization studies
essentially ensuring the processing conditions selected for this
study resulted in near defect-free compacts. The larger purpose
of micro-tomography for this study was to understand the effect
of fast neutron irradiation on the constituent layers of the microen-
capsulated fuel and the interfaces between these layers. More spe-
cifically involving the IPyC, the SiC layer, and the OPyC layers. As
the buffer layer receives the majority of in-service damage through
slowing down of the fission fragments, the fast neutron irradiation
testing of this experiment is not considered representative of the
application.

As discussed previously, the FCM application temperature is ex-
pected to vary radially through the compact and as a function of
the fluence from �400 to 700 �C. Assuming reasonable layer inter-
facial integrity the local heating due to the uranium nitride kernel
will only perturb the TRISO temperature by 50–100 �C above the
surrounding matrix [3]. This temperature is considerably lower
than the operating temperature of high temperature gas reactor



Fig. 8. Optical image of polished cross section of AGR TRISO fabricated at Oak Ridge
National Laboratory fabricated under similar conditions to those in the present
study and irradiated in the Advanced Test Reactor at Idaho National Laboratory at
high temperature.
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TRISO fuels and the temperatures at which those fuels were typi-
cally studied: >800 �C. Due to the difficulty in fabricating pyrolytic
graphite coupons that would be representative of IPyC and OPyC
layers and would also be useful for thermophysical property mea-
surements, description of the irradiation response of TRISO PyC is
largely based on bulk graphite behavior and should be considered
guidance rather than truly informing of the accurate behavior. The
CEGA report [19], whose data forms the basis for TRISO fuel perfor-
mance codes such as PARFUME [20], discusses the behavior of PyC
as a function of fast neutron dose and irradiation temperature. As
typical of all graphitic materials, an initial irradiation-induced vol-
umetric shrinkage for PyC is presented as a function of density,
anisotropy, and irradiation temperature (and other factors related
to crystalline perfection). This shrinkage occurs both parallel and
perpendicular to the PyC deposition plane, though eventually the
rate of shrinkage diminishes with a reversal to growth behavior
(‘‘turnaround’’) occurring in the perpendicular direction at moder-
ate fluence. According to the CEGA analysis the contrast in irradia-
tion temperature between the HTGR (>1000 �C) and LWR (<700 �C)
irradiation temperatures would result in a reduced magnitude of
dimensional change and slightly retarded fluence for onset of turn-
around at the LWR temperature. Extrapolating the CEGA analysis
to the PyC graphite of this study one could assume a maximum
shrinkage of a few percent occurring (both perpendicular and par-
allel to the deposition direction) at a dose near the intermediate
dose of the current study. For the maximum dose of this study a
continued near linear shrinkage would be expected while the
PyC would likely move through nil-volume change into swelling
behavior. However, it is re-emphasized that current understanding
of the behavior of TRISO PyC behavior under irradiation is unsatis-
fying and should only be qualitatively applied. Moreover, the irra-
diation temperature of the current study (�310–360 �C) is
significantly less than the lower end of the discussed range in
the CEGA report (600 �C). It is noted that irradiation creep for
PyC, for which there is essentially no reliable data at HTGR or
LWR relevant temperatures, would act to mitigate the evolving
stress, is ignored in the discussion above. Moreover, it is likely that
irradiation creep would have (at best) a weak dependence on irra-
diation temperature and therefore would be active in the temper-
ature regime of interest here.

Recently, micro-tomography has become a useful tool for the
non-destructive inspection of irradiated gas-cooled reactor fuels.
[21,22] This technique is now being used as a routine tool for the
DOE AGR program developmental TRISO particles of similar fabri-
cation pedigree to the FCM TRISO particles of the current study,
though those fuels were irradiated at HTGR relevant conditions
and contain fissile fuel kernels. As discussed in the previous para-
graph, the effect of fast neutron irradiation is to cause initial
Fig. 9. Representative X-ray micro-tomography image of non-irradiated (a) and irra
dimensional shrinkage in the buffer, IPyC and OPyC layers, with a
turnaround to expansion occurring more rapidly for higher irradi-
ation temperature of the HTGR relevant irradiation. As the pyrocar-
bon-derived layers undergo shrinkage, tensile stresses within and
shear stresses between layers build, leading to bulk material frac-
ture, interfacial failure, and failure of adjoining layers such as the
SiC shell through stress transfer. Shrinkage, debonding, and
stress-induced cracking of the SiC-shell have been observed in
the recent AGR program HTGR fuels with a representative image
provided in Fig. 8. In particular, gross dimensional change has oc-
curred in the buffer layer (driven by fission product recoil and fast
neutron damage) and the IPyC layer. As mentioned previously, due
to the combined damage of the fission product recoils and the fast
neutrons the buffer layer suffers greater shrinkage than the IPyC
and OPyC layers and in the vast majority of cases initiates pyrocar-
bon layer cracking. It is also noted that failures of the type shown
in Fig. 8 are infrequent with only a tiny fraction resulting in failure
or compromise of the SiC shell.

Microtomography has been applied to the multiple intermedi-
ate and high dose samples of this study (FCM-E02, and FCM-EO4
surrogate TRISO containing samples) to determine the overall state
of the layers and layer interfaces with images provided in Fig. 9.
The FCM-EO2 sample was selected for imaging (not shown in
Fig. 9) and because the historic data for 600 �C unrestrained PyC
suggests this would be near the maximum shrinkage for the IPyC
in both directions parallel and perpendicular to deposition. How-
diated (b) surrogate FCM fuel with emphasis on microencapsulated fuel layers.
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Fig. 10. High resolution X-ray micro-tomography image of the FCM-EO4 sample.
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ever, the image is unremarkable and essentially identical to the
non-irradiated image. Inspection of the non-irradiated image of
Fig. 9 (left figure) and others similarly inspected revealed all fuel
layers including the SiC shell to be intact and showing no signs
of cracking due to processing. Supporting the SEM imaging pro-
vided in Fig. 1, the interface between the matrix and the OPyC
exhibits good adhesion with no visible porosity. The right-most
image of Fig. 9 provides a micro-tomographic slice through the
center of the highest dose sample of this study and of a TRISO re-
moved from the periphery of the fuel compact and therefore at the
lowest irradiation temperature. It is assumed that the highest dose
and lowest temperature provides the most conservative (harshest)
performance test given that this condition leads to maximum
swelling in the SiC matrix and shell and has the largest associated
PyC dimensional change. The irradiated image of Fig. 9 is also unre-
markable, with all layers intact and showing good adhesion,
though close inspection of the interface between the SiC and IPyC
and the IPyC and buffer suggest the onset of layer decohesion.
However, this is only suggestive as the interfacial darkening was
not significantly different than observed in some non-irradiated
particles and can be caused by the tomographic imaging conditions
used. Higher resolution imaging of the FCM-EO4 sample is pro-
vided in Fig. 10, allowing a better view of the interfaces. From
the image the darkening line between the IPyC and buffer is more
defined.

Higher resolution imaging of the microstructure was obtained
by TEM imaging sections of non-irradiated and the high-dose irra-
diated sample (FCM-EO4) of Figs. 11 and 12. Focused ion beam sec-
tions were taken near each of the interfaces (excluding the buffer
Fig. 11. Matrix-OPyC: TEM image of the interface between the OPyC and th
interface) and the general microstructures and state of the inter-
faces investigated. Following irradiation, the interface between
the matrix and the OPyC was seen to be continuous, showing no
apparent increased porosity or adverse impact of irradiation, as
seen in Fig. 11. The interface between the CVD SiC shell and the in-
ner and outer pyrolytic carbon is provided in Fig. 12 on the left and
right of the figure, respectively. On the left image of Fig. 12 the
interface between the IPyC and SiC is apparently porous due to
artifacts from the FIB milling, though the bond between the layers
clearly remains intact. For the right image of Fig. 12, the interface
between the IPyC and the SiC shell also seen to be intact, though a
small debond crack has appeared which may or may not be an arti-
fact of FIB milling. One might expect different behavior in swelling
between the IPyC and OPyC layer due to slight microstructural dif-
ferences in the two layers, and one may also expect irradiation-in-
duced dimensional changes to effect their interfaces differently
due to differing surface roughness. Regardless, for this near-life-
time dose and lower temperature bound for the FCM fuel both
tomography and TEM results indicate essentially no structural
changes to the interfaces.

As discussed in detail elsewhere [16,23], the microstructure of
CVD SiC (and otherwise stoichiometric cubic SiC) for the irradiation
dose and temperature of this study is comprised of nanometer-
scale loops or ‘‘black spot defects.’’ As irradiation temperature
nears the upper temperature for the FCM application, Frank loops
would be expected. Through TEM examination of samples in this
work, such microstructure exists in both the CVD TRISO shell of
the surrogate FCM shell and within the grains of the FCM matrix.
TEM observation of the grain boundary interfaces and captured
e SiC-based nano-powder matrix following 320 �C, 7.5 dpa irradiation.



Fig. 12. SiC–OPyC: TEM bright field image of CVD SiC shell/outer pyrolytic carbon interface following 320 �C, 7.5 dpa irradiation. Note scale changes from left to right figures.
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oxide pockets within the SiC-based nano-powder ceramic matrix
was carried out. The oxides within the pockets remained crystal-
line following irradiation and no gross change was observed at
the SiC grain boundaries. Moire fringes were observed radiating
from the pockets, indicative of oxide swelling and local strain.
More detailed microstructural investigation of the SiC-based
nano-powder ceramic and the linkage between the sintering aids
and swelling will be the subject of further study.
Fig. 13. Bright field, cross-sectional TEM image of the inner Zircaloy-4 surface.
4.3. Matrix SiC–Zircaloy clad interaction

Information on the reaction and diffusion of SiC and Zr is avail-
able in the literature in support of semiconductor [24] and com-
posite [25,26] and fuel [27] development activities. In the work
of Bhanumurthy [25] a powder-and-cup approach was applied in
the temperature range of 900–1100 �C. The reaction of Zr with
SiC led to the formation of ZrC/Zr5Si3C/Zr2Si/ZrCx compounds in
the diffusion zone, consistent with local equilibria in the ternary
Zr–Si–C phase diagram. Fukai et al. [28] examined the reaction be-
tween SiC and Zr at 1200 and 1300 �C. The complete diffusion path
at 1300 �C was established as SiC/ZrC/Zr5Si3Cx /SiZr2/ZrCx/Zr for a
reaction period over 1800 s. That work aided in the description of
the SiC and Zr in the C–Si–Zr phase diagram provided by Schuster
[29] and Chen [26].

The previous fundamental studies on SiC–Zr reactions have
been focused on for temperatures in excess of 900 �C, with exper-
imental design based on the existing data, or aimed at improving
upon the database above that temperature. From the existing
experimental and theoretical kinetics information available
[24–27] very little reaction is expected for the temperature of
the present study (<400 �C) between pure zirconium and pure
SiC. However, due to the presence of the sintering aids and the po-
tential synergistic effect of irradiation the potential for FCM-clad
interaction was considered a possibility. Fig. 13 provides a cross
sectional image taken from the inner surface of the highest dose
capsules (FCM-EO4, see Table 1) in an area where the FCM fuel
would contact the inner clad. In this region there were discontinu-
ous ‘‘patches’’ of reaction covering the surface. Fig. 13 was taken
from one of these patches. It was previously noted (see Fig. 4) that
the inner surface of the tube, for all capsules, was visually shiny
with a slightly dulled surface corresponding to the graphite spacer
locations. A cross-sectional view of the fuel-clad interface is pre-
sented in Fig. 13, provided by a FIB section of the inner diameter
of the FCM-EO4 Zircaloy cladding at an axial point where the
FCM fuel was in contact. As seen in the figure, a thin film of carbon
is present on top of the Zircaloy (on the order of a micron). As part
of the FIB process, platinum is deposited onto the sample and is ob-
served in the figure. The carbon film is adherent to the Zircaloy-4
surface, though was cracked during the final thinning steps.
The Zircaloy-4 microstructure is consistent with the irradiation
and ion-milling conditions. The presence of dislocations typically
created during room-temperature FIB milling of Zircaloy are ob-
served. The microstructure and microchemistry of the film and Zir-
caloy-4 were probed using standard diffraction and EDS
spectroscopy. Of note is that the carbon layer was amorphous with
no other elemental presence. Similarly, the Zircaloy-4 displayed
EDS lines consistent with Zircaloy and an absence of silicon. With-
out a more extensive study of the system a definitive conclusion
cannot be made as to the source of the carbon. However, the sup-
porting evidence that no visible signs of reaction occurred on the
outer surface of the FCM pellet coupled with the lack of silicon in
the Zircaloy-4 and a lack of zirconium silicide formation (a very
stable compound) on the surface suggests that silicon has not been
stripped from the FCM matrix. There is also no sign of FCM sinter-
ing aid concentration at the interface, which would occur if the fuel
had reacted and stripped silicon. From this it is tentatively con-
cluded that the source of carbon is external to the FCM fuel, most
likely the graphite spacer which is noted to produce the more ‘‘vis-
ibly dull’’ finish on the Zircaloy inner surface. It is further noted
that the overall reaction was minimal.
5. Concluding remarks

The irradiation behavior of surrogate microencapsulated fuel
and the nano-phase powder based sintered SiC matrix have been
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carried out to determine material stability and viability at light
water reactor relevant conditions. Primary findings of this study
are as follows:

� Surrogate fuel compacts and ceramics derived from the nano-
meter scale SiC powder hot pressed with yttria and alumina sin-
tering aids result in an as-irradiated swelling somewhat greater
than that of stoichiometric forms of SiC such as CVD SiC. The
increment is minor and the thermal conductivity degradation
is consistent with known values of CVD SiC considering the
added irradiation-induced swelling.
� Irradiation near 300 �C has no apparent deleterious effect to the

constituent layers of the microencapsulated fuel (the IPyC, SiC,
or OPyC layers). Following irradiation no gross cracking or deb-
onding between layers occurrs.
� No reaction between the SiC-based nano-powder matrix and

Zircaloy-4 was observed to the highest dose studied.
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The US Department of Energy is considering a new nuclear fuel that would be less susceptible to ruptures
during a loss-of-coolant accident. The fuel would consist of tristructural isotropic coated particles with
dense uranium nitride (UN) kernels with diameters of 650 or 800 lm. The objectives of this effort are
to make uranium oxide microspheres with adequately dispersed carbon nanoparticles and to convert
these microspheres into UN spheres, which could be then sintered into kernels. Recent improvements
to the internal gelation process were successfully applied to the production of uranium gel spheres with
different concentrations of carbon black. After the spheres were washed and dried, a simple two-step
heat profile was used to produce porous microspheres with a chemical composition of UC0.07�0.10-

N0.90�0.93. The first step involved heating the microspheres to 2023 K in a vacuum, and in the second step,
the microspheres were held at 1873 K for 6 h in flowing nitrogen.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

A new nuclear fuel, tristructural isotropic (TRISO) coated parti-
cles with dense uranium nitride (UN) kernels, has been proposed
that would be less likely to fail during a loss-of-coolant accident.
Since UN has a very high fuel density, it has been studied exten-
sively for use in space power reactors and liquid–metal-fast-bree-
der reactors. Initially, UN was synthesized from uranium metal by
the hydride–dehydride–nitride process [1,2]. The carbothermic-
reduction and nitriding process, which starts with a mixture of
uranium oxide and carbon, was developed for UN production
[3,4]. This process has been used with powders [5], pellets [6,7],
and microspheres from gelation processes [8–13]. The use of ura-
nium powders and pellets can be problematic due to insufficiently
homogeneous mixing of uranium oxide and carbon and due to rel-
atively high level of metal impurities. The internal gelation process,
which can produce kernels with low levels of metal contaminants,
can homogeneously incorporate fine insoluble particles such as
carbon throughout the gel spheres. At the end of the carbother-
mic-reduction and nitriding process, the UN microspheres still
have a relatively low density, so they are suitable for direct press-
ing. A sintering step is needed to generate dense UN fuel kernels,
which must be near theoretical density, for the TRISO coated fuel
particles.

The internal gelation process has been used at Oak Ridge Na-
tional Laboratory (ORNL) to make large quantities of uranium ker-
nels with and without carbon [14–16]. Two studies on UN
microspheres [9,11] demonstrated similar pathways for the con-
version of uranium dioxide (UO2) microspheres with enough car-
bon to make UC1�xNx with x approaching unity. Both studies
ultimately recommended conversion to the UO2–C microspheres
to UO2–uranium carbide (UC) and then conversion of the latter into
UN. Other studies [17,18] detailed the T-x-pN2 characteristics of
the UC–UN solid solution and the intermediate compositions
encountered in converting UC to nearly pure UN. These efforts
[9,11,17,18] illustrated that conversion temperatures and pres-
sures below 1723 K and 101.3 kPa, respectively, can lead to nearly
pure UN formation via reaction (1).
UO2ðsÞ þ 2CðsÞ þ 0:5N2ðgÞ ! UNðsÞ þ 2COðgÞ ð1Þ

At temperatures above 1723 K, it was recognized that the inclu-
sion of hydrogen in the reactant gas results in formation of HCN
[11], which affects the conversion, as shown in reaction (2).
UC1�xNxðsÞ þ 0:5ð1� xÞH2ðgÞ þ ð1� xÞN2ðgÞ
! UNðsÞ þ ð1� xÞHCNðgÞ ð2Þ

However, no quantitative details were provided concerning any
effects of the use of hydrogen. In Fig. 1 of an earlier paper [11], the
carbon monoxide (CO) profile was analyzed to demonstrate that by
the time the reaction temperature of 2023 K was attained in flow-
ing argon, the sample had indeed been converted to a UO2 + UC
mixture before N2 was introduced to complete the conversion to
UN at 2023 K.
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http://dx.doi.org/10.1016/j.jnucmat.2013.04.007
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Fig. 1. Powder XRD pattern of UC0.07�0.10N0.90�0.93 sample. Note the following for
the peak positions for a few of the chemical phases that are related to this UN
synthesis route. UN (space group Fm-3 m): 31.7�, 36.8�, 53.0�, 63.1�, and 66.3�. UO2

(space group: Fm-3 m): 28.3�, 32.8�, 47.1�, 55.8�, and 58.8�. UC (space group: Fm-
3 m): 31.3�, 36.3�, 52.2�, 62.1�, and 65.2�. UC2 (space group: I4/mmm): 29.5�, 29.9�,
36.2�, 47.6�, and 52.1�.
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A modification of this process was investigated in this effort. In
the first step, vacuum was used to first convert UO2 and carbon to
form the mixture of UO2, UC, and uranium dicarbide (UC2) at tem-
peratures up to 2023 K. This step efficiently removed 2/3 of the CO
produced by the overall process. The second step is the conversion
to UN, which can be described by the reactions (3) and (4). This
step only took 6 h at 1873 K.

UO2ðsÞ þ 2UCðsÞ þ 1:5N2ðgÞ ! 3UNðsÞ þ 2COðgÞ ð3Þ

UO2ðsÞ þ UC2ðsÞ þ N2ðgÞ ! 2UNðsÞ þ 2COðgÞ ð4Þ

With one exception [19], very little development work on UN
microspheres has occurred in the past two decades. During the in-
terim, key reactants such as carbon blacks and the dispersing agents
have changed, and several process improvements for the incorpora-
tion of fine particles into gel uranium spheres have occurred. There-
fore, new reactants and recent process improvements were applied
to the production of uranium spheres with carbon. In addition, the
new two-step heating profile to form UN microspheres was suc-
cessfully demonstrated. Optimization of the UN conversion process
and sintering to 650 or 800 lm will be presented in detail in a sub-
sequent paper, which also discusses faster reaction kinetics due to
the use of well dispersed carbon nanopowders.

2. Experimental

2.1. General

The preparation of uranium gel spheres with adequately dis-
persed carbon black involved several steps. First, stock solutions
of acid-deficient uranyl nitrate (ADUN) and urea–carbon-dispers-
ing agent-hexamethylenetetramine (HMTA) were prepared. Induc-
tively coupled plasma mass spectrometry has shown that the
ADUN is relatively free of metal contaminants as compared to tra-
ditional powder techniques. The contaminants include nickel, alu-
minum, calcium, copper, chromium, iron, and magnesium. While
the average nickel contamination was 20 lg/g, the average for
the other metal impurities was less than 10 lg/g. Urea is a metal
complexing agent, while the carbon dispersing agent is Tamol™
SN. Next, the solutions were chilled to 273 K, combined, mixed,
and placed into internal gelation equipment. The chilled feed solu-
tion was passed through a vibrating nozzle to form uniform drop-
lets, which were then transferred into flowing silicone oil at 335–
337 K to cause gelation to occur. After the microspheres were col-
lected, they were aged in the hot silicone oil for 15 min. They were
washed with trichloroethylene (TCE) and then with 1.5 M ammo-
nium hydroxide (NH4OH). It must be noted that water and 0.5 M
NH4OH could not be used without significant carbon losses to
the wash solutions. Since the C/U molar ratio should be precisely
controlled, solutions that would leach carbon from the gel spheres
were not used. The diameters of several of the washed micro-
spheres were measured using a Motic B5 Professional Series digital
microscope. After microspheres were air-dried, 2–3% of the micro-
spheres was rejected as nonspherical, and the remaining micro-
spheres were sieved. The air-dried microspheres were then
calcined and converted to UN.

2.2. Preparation of stock solutions and the feed solution

The standard concentrations for the HMTA (Fisher Scientific)
and urea (Fisher Scientific) in the stock solution were 3.2 and
3.2 M, respectively. After a stock solution was prepared and fil-
tered, the density was measured to be 1.14 kg/m3, and the pH ran-
ged from 8 to 9. The pH of the 50 g of Cabot Mogul L carbon black in
1 L of water is between 4 and 11, while the pH of a 2% solution of
Tamol™ SN is 9.4. Since the pH values of Mogul L and Tamol™ SN
were much closer to the pH of the HMTA-urea stock solution than
the pH of 1.05 for the ADUN stock solution, the Tamol™ SN and
then the Mogul L were added to the HMTA-urea solution in the
same manner as earlier studies [15,16].

The Mogul L carbon black was passed through a 170 mesh sieve
so all particles with a diameter greater than 90 lm were excluded.
According to Cabot Corporation, Mogul L Carbon Black has a sur-
face area of 138 m2/g and a particle size of 24 nm when it is ade-
quately dispersed. After 0.6 g of Tamol™ SN was dissolved into
113.2 g of the HMTA/urea solution, then 7.3–7.9 g of Mogul L
was added to the solution, and the C/U molar ratios ranged from
2.5 to 2.7, which was used in a comparable study [10]. A few exper-
iments had C/U molar ratios between 2.1 and 2.2, which was com-
mon in most of the earlier internal gelation studies [8,9,11–13].
Carbon was then dispersed for 5 min at room temperature using
a Hielscher UP200S ultrasonic probe. The HMTA/urea and ADUN
solutions were chilled at 273 K for a minimum of 30 min. The
159.3 g of ADUN solution had a uranium concentration of 2.87 M
and a nitrate to uranium molar ratio of 1.8. The chilled solutions
were combined into the feed solution, and 2.2 g of water was
added to the feed solution to aid in the transfer. The chilled feed
was mixed by hand and transferred into the internal gelation
system.

2.3. Experimental apparatus and conditions for the internal gelation

The experimental system, which is described in detail else-
where [20], is a modification of an apparatus used to produce ura-
nium and plutonium microspheres in a glove box. The use of
carbon black required a few minor modifications. First, a chilled
glass feed vessel was used to observe and ensure that the feed
solution was adequately mixed throughout the experiments. The
transfer line was located close to the bottom of the glass vessel.
Second, the glass feed vessel was placed on a magnetic stir plate
so a magnetic stir bar could be used to keep the carbon black sus-
pended. Third, the position of the Micropump gear pump was
changed so the broth solution was pumped from the feed vessel
through the gear pump to the accelerometer of the vibrator. Due
to potential gelation of the feed in the gear pump head, the head
was also cooled to 273–278 K.

The conditions were selected to generate sintered kernels that
were 650 or 800 lm in diameter. The system had previously been
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used to generate microspheres that became 350 or 500 lm UO2 fuel
kernels. For the 650 lm kernels, a 17 or 18 gage electropolished
stainless steel needle with a beveled tip (Cadence) was used. For
the 17 gage needle, the frequency of the accelerometer (Labworks
Inc.) was set at 57 Hz, and the feed pump was set to deliver
24.45 cm3/min. These settings produced droplets with an average
diameter of 2280 lm. For the 800 lm kernels, a 16 gage needle
was used. The accelerometer frequency was 38 Hz, and the feed
pump delivered 29.3 cm3/min. The average diameter of droplets
from these settings was 2825 lm. The frequency and the flow rate
of the feed were varied as needed. The droplets were directed into
a veil of hot silicone oil at the top of the gel-forming column. The
droplets then flowed down the column. The exact gel time was not
measured because the droplets and the gel spheres were both black.

The temperature of the gelation column was potentially an-
other key variable. In nearly all of the experiments in this study,
the temperature of the gelation column was maintained from
335 to 337 K. This temperature range promotes the formation of
the largest uranium crystals, which increases the porosity of the
microspheres and aids in the release of gases during the subse-
quent heat treatment. An earlier effort [21] demonstrated that
the uranium crystal size drops dramatically when the gel temper-
ature is increased from 333 to 343 K. Then, the uranium crystal size
increases as the gelation temperature is increased from 343 to 353
to 363 K. In our experiments, the transition for the crystal size oc-
curred between 337 and 339 K, as demonstrated by the bulk den-
sity of the air dried microspheres. The gelation temperature as well
as the size of the droplets plays significant roles in the time re-
quired for gelation. As expected, the lower gelation temperature
and larger droplets increased the time for gelation. In order to gen-
erate the most spherical microspheres, the gelation should occur
before the microspheres leave the gelation column. With our
experimental system, the gelation time was quick enough even
at gelation temperatures of 335 to 337 K.

2.4. Aging, washing, and drying

During an experiment, the microspheres were collected in the
wire-mesh basket. At the end of a test, the basket was lowered into
the reservoir with the hot silicone oil for 15 min. After the silicone
oil was drained from the gel spheres, the basket was placed in a
beaker with a magnetic stir bar, and the microspheres were
washed four successive times with TCE to remove the residual sil-
icone oil. Using the same equipment that was used in the TCE
washes, 1.5 M NH4OH was used to remove the ammonia nitrate,
urea, and unreacted HMTA from the microspheres. Each NH4OH
wash lasted for a minimum of 15 min. The electrical conductivity
of the spent NH4OH solution was measured using an YSI 3100 con-
ductivity instrument. The washings continued until the electrical
conductivity of the spent washes was approximately 1.4 mf. Then,
the diameters of 20–30 washed gel spheres were measured using
the Motic digital microscope. Finally, the microspheres were trans-
ferred to a stainless steel pan and spread out into a single layer. The
excess NH4OH was decanted, and the microspheres were permit-
ted to dry for a minimum of 48 h.

2.5. Subsequent analysis and heat treatment

The relative crush strength of individual microsphere was esti-
mated using a custom-designed apparatus. The apparatus consists
of a Mettler PM1200 balance and a stainless steel rod, which is at-
tached to a micrometer. A microsphere was placed on the balance,
and the rod was slowly lowered on top of the microsphere. As long
as the particle did not break, the weight registered by the balance
would gradually increase up to 1.200 kg. Once the microsphere
broke apart, the weight shown on the balance would drop, and
the highest observed weight was recorded. This weight and the
crush strength of the microsphere should be directly related. Select
samples were ground to produce a polished plane at the base of the
hemisphere to permit the distribution of the carbon in the
air-dried and heat-treated microspheres to be examined. These
samples were analyzed using X-ray diffraction (XRD) and a scan-
ning electron microscope (SEM). The SEM images of air-dried and
calcined microspheres did clearly indicate that the carbon was ade-
quately dispersed throughout the microspheres and that no
changes to the dispersing agent and carbon black were needed.

Several furnaces were used to convert the UO3�2H2O micro-
spheres into UN microspheres. A Harrop Model ST-736 differential
thermal analyzer/thermogravimetric analyzer (DTA/TGA) was used
to determine suitable ramp rates and dwell times for the micro-
spheres up to 1473 K in purified argon. A Thermal Technology As-
tro Graphite Furnace was used to heat the microspheres up to
2023 K in a vacuum. This process reduced the UO3 to UO2, and then
the UO2 was reacted with the carbon to form a mixture of UO2, UC,
and UC2. The conversion process to UN was performed in a custom-
built furnace with a graphite element.
3. Results and discussion

3.1. Impacts of carbon and gelation temperature

At ORNL, uranium microspheres, which were prepared at gela-
tion temperatures above 343 K, were prone to cracking as the
spheres were air dried. This cracking was most likely due to in-
creases in hydrostatic pressures within the small diameter pores
or capillaries in the gel spheres. As the water was evaporated,
the diameter of the pores would shrink at a faster rate and led to
increases in pressure, which would lead to crack formation and
fragmentation. The successful use of carbon in this study and ear-
lier work [10] at gelation temperatures higher than 343 K clearly
demonstrated that carbon particles prevent the catastrophic in-
crease of pressure within the microspheres.

Regardless of the gelation temperature, less than 5% of the air-
dried microspheres at the various C/U ratios failed when 1.200 kg
was applied to individual microspheres. However, the calcination
process significantly weakened the microspheres. This observa-
tion was confirmed during the handling of the air-dried and
calcined microspheres. A noticeable amount of powder and frag-
ments was produced when the calcined microspheres were
passed through sieves. In sharp contrast, the air-dried micro-
spheres never produced any powder. Typically, the weight
required to break the calcined microspheres with an initial C/U
molar ratio of 2.65 was between 150 and 700 g/particle with
an average of 500 g/particle. For comparison, the average weight
to break the calcined UO2 microspheres without carbon was
960 g/particle, and 20% of the calcined UO2 microspheres broke
below 400 g/particle. Two modifications to the gelation process
were tested in an effort to improve the strength of the calcined
microspheres. First, the C/U molar ratio in the gel spheres was
reduced to 2.15, and the microspheres were then reduced at
873 K in 4% hydrogen. The lower C/U molar ratio did not notice-
ably change the crush strengths of the calcined microspheres
with carbon. Second, the gelation temperature was increased to
355 K, which significantly reduced the uranium crystal size. For
these calcined microspheres from a higher gelation temperature,
the average weight to break the microspheres was 490 g/particle,
which was comparable to all of the other calcined microspheres
with carbon. Therefore, changes to the carbon concentration
and gelation temperature did not significantly impact the crush
strengths of the calcined microspheres, and it precluded the
use of a fluidized bed during the heat treatments.



Fig. 2. A secondary electron mode SEM image of a cross section of a UC0.07�0.10-

N0.90�0.93 particle.
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3.2. Calcination and the formation of the uranium oxide/uranium
carbides

The presence of carbon nanoparticles during calcination is
potentially problematic. Both hydrogen and adequately dispersed
carbon in a microsphere are effective in the reduction of uranium
trioxide (UO3) to uranium dioxide (UO2) in the 773 to 873 K range.
In fact, the rate of the weight change due to carbon reduction was
much greater than that due to hydrogen reduction [15]. The earlier
internal gelation studies on the preparation of UN microspheres
[9–13] have indicated that the carbon to uranium (C/U) molar ratio
is a critical variable. If both carbon and hydrogen are used for the
uranium reduction, then the C/U molar ratio during calcination be-
comes an unknown. For this study and an earlier effort [10], an
additional 0.5 mol of carbon per mole of uranium was added to
the feed so only carbon could be used to reduce UO3 to UO2 and
form carbon dioxide.

Previously, the following heating profile [14] was successfully
developed for uranium oxide microspheres without carbon. The
ramp rate for the uranium spheres was 200 K/h with a 2 h dwell
at 353 K, a 3 h dwell at 423 K, and a 5 h dwell at 873 K. The pres-
ence of carbon should facilitate the release of gases without crack-
ing so a significant reduction in the dwell time and a small increase
in the ramp rate were expected. In the DTA/TGA, the air-dried
microspheres that were prepared by gelation at 335–337 K were
heated to 873 K at 200 K/h in argon. After the microspheres
reached 873 K, it took 50 min for the sample to reach a constant
weight. When the microspheres from the 355 K gelation experi-
ment were subjected to the same experimental parameters, the
sample took 85 min to achieve a constant weight. For comparison,
the air-dried uranium microspheres with no carbon that had been
gelled at 335 K took 80 min to achieve a constant weight. In all
cases, the calcined microspheres lost slightly more than 20 wt.%,
remained intact, and displayed no obvious surface defects. There-
fore, a gelation temperature of 335 to 337 K with adequate control
is recommended since it is considerably easier for the gases to es-
cape the microspheres during the initial heat treatment.

In the DTA/TGA, an air-dried sample in argon was heated to
873 K at 200 K/h and then to 1473 K at 600 K/h with no surface
imperfections. Next, a larger sample of air-dried microspheres
was heated to 873 K at 200 K/h and then to 2023 K at 600 K/h in
a vacuum in the Astro furnace. As soon as the microspheres had
reached 2023 K, the microspheres were cooled back to room tem-
perature under vacuum. After this heat treatment, the weight to
break the UO2–UC/UC2 microspheres increased to 1170 g/sphere.
The density of these particles was 9.90 kg/m3, and the average
diameter was 900 lm. The target diameter for the sintered UN ker-
nel was 800 lm. The XRD results indicated that the microsphere
composition was 36.4 wt.% UO2, 47.9 wt.% UC, and 15.7 wt.% UC2.
For this composition, the theoretical density of a fully dense kernel
would be approximately 12.29 kg/m3.

3.3. Conversion to UN

A sample that was previously heated to 2023 K in the Astro fur-
nace was placed in the custom-built, high-temperature furnace.
The microspheres were heated to 1873 K in less than 60 min while
nitrogen was passed through the furnace at a rate of 200 cm3/min.
After 6 h at 1873 K, a significant fraction of the microspheres had
broken. It is currently postulated that the cracking problem may
be due to the much faster conversion at the surface of the micro-
sphere as compared to conversion in the center of the sphere.
Therefore, a lower conversion temperature is under investigation.
The XRD results show that the chemical composition of the micro-
spheres was UC0.07�0.10N0.90�0.93. The UCxN1�x lattice parameter
varies linearly with respect to x. This linear variation of the lattice
parameter for a solid–solution is called the Vegard’s Law. Since car-
bothermic reduction was used to synthesize the UN sample, our
converted microspheres are actually UCxN1�s. A linear plot was
used to estimate x using the refined lattice parameters for UN. As
shown in Fig. 1, UO2, UC, and UC2 phases were not detected in this
sample. This resultsuggests that the conversion of the UO2 and UC/
UC2 microspheres into UN and UCN spheres was nearly complete.
The SEM was used to examine the microstructure of the UC0.07�0.10-

N0.90�0.93 sample. The particle density was estimated to be 8.30 kg/
m3 using geometrical information of the UN particles. As seen in
Fig. 2, the microspheres contained a significant amount of pores.
The presence of the pores is the most likely reason for the brittle-
ness and low density of the spheres and for the relatively fast con-
version rate. The UN conversion did not significantly change the
diameter of the kernels as expected. Prior to any attempt to opti-
mize the initial carbon content or heat profile, this result clearly
demonstrates the success of the new two-step heat profile, which
avoids the formation of hydrogen cyanide, a major safety concern.

4. Conclusions

Recent process improvements to the internal gelation process
were applied to the production of uranium spheres with carbon.
The SEM results indicated that the Mogul L carbon black was ade-
quately dispersed in the microspheres using the Tamol™ SN and
the ultrasonic probe even at C/U molar ratios of 2.7. It should be
noted that the use of well dispersed carbon nanopowders led to fas-
ter reaction kinetics. The carbon loss during the final wash step was
prevented through the use of 1.5 M NH4OH. The addition of carbon
into the microspheres facilitated the release of gases as the air-
dried microspheres were heated to 873 K. Unlike the uranium
microspheres without carbon, no dwell time at 873 K was needed
for the microspheres with higher carbon concentrations. When
the uranium microspheres with carbon that were gelled at 335–
337 K and 355 K were heated to 873 K and held at 873 K, the micro-
spheres from 355 K experiment took 70% longer to complete the
UO3 reduction. Therefore, a gelation temperature of 335 to 337 K
with adequate control is recommended since it is considerably eas-
ier for the gases to escape the microspheres during the initial heat
treatment. In addition, the use of carbon for the UO3 reduction is
preferred because the C/U molar ratio does not become an un-
known during the reduction. A simple two-step heat profile was
developed for the UN conversion process, and microspheres with
a chemical composition of UC0.07�0.10N0.90�0.93 were produced.
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The US Department of Energy is developing a new nuclear fuel that would be less susceptible to ruptures
during a loss-of-coolant accident. The fuel would consist of tristructural isotropic coated particles with
uranium nitride (UN) kernels with diameters near 825 lm. This effort explores factors involved in the
conversion of uranium oxide–carbon microspheres into UN kernels. An analysis of previous studies with
sufficient experimental details is provided. Thermodynamic calculations were made to predict pressures
of carbon monoxide and other relevant gases for several reactions that can be involved in the conversion
of uranium oxides and carbides into UN. Uranium oxide–carbon microspheres were heated in a microbal-
ance with an attached mass spectrometer to determine details of calcining and carbothermic conversion
in argon, nitrogen, and vacuum. A model was derived from experiments on the vacuum conversion to
uranium oxide–carbide kernels. UN-containing kernels were fabricated using this vacuum conversion
as part of the overall process. Carbonitride kernels of �89% of theoretical density were produced along
with several observations concerning the different stages of the process.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

One of the lessons from the natural disaster induced accident at
Fukushima is the value of a nuclear fuel cladding that is more resis-
tant to high temperature oxidation. As a result, efforts are under-
way to develop accident tolerant fuel that would greatly extend
the temperature regime and time period before fuel failure and fis-
sion product release during a loss of coolant accident. One of the
concepts being explored is tristructural isotropic (TRISO) fuel par-
ticles embedded in a silicon carbide (SiC) matrix to directly replace
uranium dioxide (UO2) pellets in light water reactor (LWR) fuel
[1,2]. The SiC matrix has a high thermal conductivity and is resis-
tant to oxidation so the fuel can operate at substantially lower
temperatures than UO2 and is less likely to fail. The TRISO particles
will, as well, retard fission product release at high temperatures
and under oxidizing conditions even if the cladding and SiC matrix
fail. The nature of the fuel configuration, however, will result in a
limited volume fraction for uranium, and thus efforts are needed
to maximize actinide concentration to maintain adequate fissile
loading. This can be accomplished by minimizing particle coating
thickness and by substituting uranium nitride (UN) for the typical
TRISO kernel of UO2, since the fissile density of UN is 30% greater
than that of UO2.

In this paper, the literature on the preparation of UN kernels is
reviewed and analyzed to obtain detailed information on the high-
temperature process. This analysis involved relevant thermody-
namic and kinetic calculations. With prior work as a basis, an ongo-
ing calculational and experimental program was established to
investigate the several reactions involved in the carbothermic con-
version of sol–gel-derived urania-carbon microspheres to UN ker-
nels. This paper reports the several related investigations.
Because of the diverse nature of these studies, and for better clar-
ity, detailed discussion of each is included within the relevant sec-
tion, and it is followed by general conclusions in Section 7.
2. Literature review

Initially, UN was synthesized from uranium metal using the hy-
dride–dehydride–nitride process [3]. The UN powder that was sin-
tered at a nitrogen pressure just above the pressure for the
decomposition into nitrogen and uranium produced the UN pellets
with the highest densities. At 1873 and 2373 K, the theoretical
densities (TDs) of the UN pellets were 85% and 93%, respectively.
Subsequently, a dense UO2 pellet with a thickness of 740 lm was
reacted with carbon in nitrogen at 1973 K, and it was determined

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.10.036&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.10.036
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Fig. 1. Plot of log (pCO [bar]) vs 10,000/T for several equilibria. When UC1�xNx and
nitrogen are present, pN2 is 100 kPa, where equilibria with U2N3 may appear below
1622 K (1349 �C). A: UO2 + 3 C ? UC + 2 CO. B: Range for 4 C + 2 UO2 + N2 ? 2
[UN] + 4 CO from x = 0.99 (lower boundary) to 0.20 (upper boundary). C: Range for
UC2 + UO2 + N2 ? 2 [UN] + 2 CO from x = 0.99 (lower boundary) to 0.20 (upper
boundary). D: 4 [UC] + 2 UO2 + 3 N2 ? 6 [UN] + 4 CO at given x values. M50%:
Experimental pCO at 50% conversion in N2 from Ref. [7].
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that the solid-state diffusion was rate controlling [4]. Water con-
tamination of approximately 20 ppm in the nitrogen produced
hydrogen cyanide (HCN), which was efficient in carbon transport
to the pellet and formed a continuous UC1�xNx layer. Extrapolation
of the data [4] indicated that it would have taken 370 h to com-
plete the reaction. The very slow kinetics is a primary reason for
the use of micron-sized uranium oxide–carbon microspheres from
the internal gelation process.

Several studies on the preparation of dense UC1�xNx kernels
with a high nitride content from UO2–carbon gel-derived micro-
spheres have been published over the past 45 years. These refer-
ences are summarized in chronological order. Unless noted, the
conversion was performed using flowing gas over the micro-
spheres at 0.1 MPa. In 1975, UO2–carbon sol-derived microspheres
were heated to 1673–1973 K for up to 40 h in combinations of ar-
gon and nitrogen; the UC1�xNx kernels from this study had TDs up
to 90% [5]. In 1977, UC1�xNx kernels with a diameter of 150 lm and
TDs of 65–90% were prepared by heating UO2–carbon micro-
spheres to 1673–1798 K for up to 40 h [6]. This study [6] noted that
the conversion to UO2–UC in argon at 1773 K and the subsequent
conversion to UN in nitrogen produced kernels with TDs up to
85%. In contrast, when only nitrogen was used in the conversion
process from UO2–carbon microspheres to UN, the maximum TD
density for these kernels was only 70%.

In 1991, a study, which will be discussed in more detail below,
prepared UC1�xNx microspheres using flowing nitrogen at 1573–
1823 K [7]. In 1992, researchers [8] passed argon, nitrogen, and
their combinations with hydrogen through UO2–carbon micro-
spheres in a vertical molybdenum crucible. This study [8] and an
earlier effort [4] realized the efficacy of HCN instead of methane
(CH4) or acetylene (C2H2) for carbon transport at these tempera-
tures. The primary objective of this study [8] was the production
of low-density kernels for subsequent fuel pellet fabrication. How-
ever, they also produced UC1�xNx kernels with 97% TD at 2023 K, as
discussed later. Another effort [9] evaluated the conversion of
UO2–carbon to UC kernels in vacuum at 1473–1773 K. With a ramp
rate of 1 K/min, the reaction to UC was completed by 1723 K in a
vacuum and by 1823 K in flowing argon. The most recent study
[10] reacted carbon powder and UO2 microspheres with 70–95%
TDs in nitrogen at 1973 K for approximately 6 h. It was determined
that the resulting increase in carbon monoxide (CO) pressure low-
ered the reaction rate. Subsequent treatment in 25% nitrogen/75%
hydrogen produced nearly pure UN. When the UN microspheres
were sintered at 2123 and 2373 K, the TDs were 80% and 97%,
respectively.

3. Thermodynamic calculations

Values of CO and HCN pressures (pCO and pHCN) were calcu-
lated for equilibria relevant to carbothermic conversion. During
an actual conversion, the reaction kinetics should slow signifi-
cantly if these pCO and pHCN equilibrium values are approached.
For the present calculations, the on-line FactSage database [11]
was used to determine the Gibbs free energy of formation of all
reaction components from the elements in their standard states.

3.1. Calculation of log (pCO) values from thermodynamic data

Fig. 1 illustrates the results of several calculations relevant to
the conversion of oxide–carbon microspheres to carbide-nitride
kernels. Line A in Fig. 1 is for reaction (1), and it is represented
by the Eq. (1).

UO2ðsÞ þ 3CðsÞ ! UCðsÞ þ 2COðgÞ ðReaction1Þ

log pCO ¼ �19;346=Tþ 8:83� 0:5logðaUCÞ ð1Þ
in which aUC represents the activity of UC. Line A illustrates the dif-
ficulty of conversion at low temperatures in argon flowing at 100
kPa. For example, at log (pCO) = 0.1 kPa, 1000 volumes of argon
must flow through the material to remove one volume of CO. Con-
versely, vacuum conversion efficiently removes the CO.

The other results in Fig. 1 are focused on the carbothermic con-
version of oxide–carbon microspheres in nitrogen to produce high-
purity UN kernels from the UC1�xNx solid solution. For example,
one study [8] preferred conversion to a UO2–UC mixture before
introducing nitrogen. Consequently, the range of x varies from 0
to nearly 1 for pure UN, and several intermediate reactions are pos-
sible. A study of the reaction of UC with nitrogen from 1748 to
1973 K noted that UC2 and free carbon were present at different
stages of the reaction as x increased [12]. Extensive calculations
were thus performed to determine log (pCO) for likely intermedi-
ate reactions. For these calculations, [UC] and [UN] represent the
components of the ideal solid solution UC1�xNx, where the activity
of [UC] is 1�x and the activity of [UN] is x. One result is region B in
Fig. 1 for the reaction (2) where x = 0.99 is the lower boundary of
the region and x = 0.20 is the upper boundary.

4CðsÞ þ 2UO2ðsÞ þ N2ðgÞ ! 2½UN� þ 4COðgÞ ðReaction2Þ

Similarly, region C is for the reaction (3) over the same range of x.

UC2ðsÞ þ UO2ðsÞ þ N2ðgÞ ! 2½UN� þ 2COðgÞ ðReaction3Þ

It can be seen that regions B and C have higher log (pCO) values
than line A, which indicates possible processing advantage in nitro-
gen. The set of lines marked D are for the reaction (4).

4½UC� þ 2UO2ðsÞ þ 3N2ðgÞ ! 6½UN� þ 4COðgÞ ðReaction4Þ

This equilibrium illustrates the need to remove CO at its low
pressures in order to have high-purity UN. Fortunately, pCO is
not too sensitive to temperature while the solid-state kinetics of
the conversion reaction is greatly enhanced with temperature.



Fig. 2. Plot of log (pHCN [100 kPa]) for the UC-UN-carbon system at 100 kPa of 4%
hydrogen in nitrogen. A: 2 C + N2 + H2 ? 2 HCN. B: 2 [UC] + 2 N2 + H2 ? 2 HCN + 2
[UN] at given x.
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3.2. Calculation of log (pHCN) values

Earlier studies [8,10] utilized nitrogen and hydrogen mixtures
in the conversion process, and thus typical log (pHCN) values were
calculated. These pressures are shown in Fig. 2 for 4% hydrogen in
nitrogen at a total pressure of 100 kPa. Pressures of CH4 and C2H2

in equilibrium with carbon were also calculated, but they were al-
ways <10 Pa in this temperature range. Line A confirms that HCN
pressures in the presence of free carbon are significant enough to
transport carbon during carbothermic conversion, as shown earlier
[4], but HCN could also be a source of carbon loss from the system
during conversion. However, a comparison with pCO in Fig. 1 illus-
trates that it is always larger than pHCN and conversion in flowing
gas removes significantly more CO than HCN. Line B in Fig. 2 illus-
trates that the HCN pressure over UC1�xNx at different composi-
tions is sufficient to remove carbon in the flowing gas mixture
and to thus beneficially increase the value of x in UC1�xNx.
Fig. 3. Experimental T and pCO from Ledergerber et al. (Ref. [8], Fig. 2) and present
additional kinetic analyses. The several units of the ordinate are defined below. A
Temperature, K/1000 B. Measured pCO, 10 kPa, times 10. C Fraction total conversion
obtained by integrating pCO over time. D Fraction reaction of UO2:2UC to
UC0.15N0.85. E Value of Eq. (5) for diffusion control, times 4 for clarity, for UO2:2UC
conversion to UC0.15N0.85. F value of Eq. (2) for a first-order reaction, times 0.25 for
clarity, for UO2:2UC conversion to UC0.15N0.85.
4. Kinetic models

Two kinetic models are considered here to analyze literature
and current data and to obtain reaction rate constants. One model
commonly used is the first-order rate Eq. (2)

kf ðs�1Þt ¼ � lnð1� aÞ ð2Þ

In which a is the fraction reaction, kf is the first-order rate constant,
and t is time in sec. In a reacting sphere, a = 1�(r/r0)3, in which r is
the radius of the unreacted core and r0 the original radius, and Eq.
(2) becomes Eq. (3)

kf ðs�1Þt ¼ � lnððr=r0Þ3Þ ¼ �3 lnðr=r0Þ ð3Þ

The Eq. (3) becomes indeterminate as r approaches zero and
prevents extrapolation to determine the times near 100%
conversion.

The second model is for a reacting sphere being converted to
another material with the rate controlled by solid-state diffusion
through the product layer. An earlier work [13] applied this model
to experimental data for oxidation of nickel spheres. In spite of the
difference in molar volumes of the nickel reactant and the nickel
oxide product, this study concluded that the expression derived
by another effort [14] was adequate to represent experimental
data via Eq. (4) in which kd is the rate constant for diffusion control.

kdðcm2=sÞt=ðr0Þ2 ¼ 1� 2a=3� ð1� aÞ2=3 ð4Þ

Unlike Eqs. (2) and (3), Eq. (4) is applicable at all values of a. Eq.
(4) was used in the form of Eq. (5). A plot of isothermal experimen-
tal data for each of the above models

kdðs�1Þt ¼ 1� 2a=3� ð1� aÞ2=3 ð5Þ

versus time should be linear if either model was rate controlling.
The interface-control model used by an earlier study [9] was not

used here. Time for conversion was proportional to 1�(1�a)1/3; in
a solid sphere this becomes 1�r/r0. Present results with the inter-
face-controlled model were found to be visually sigmoidal with
time rather than reasonably linear with the diffusion-control mod-
el. Furthermore, when the data were fitted with both models, the
least-squares parameters for the interface model always displayed
larger errors, which suggested that rate control at the interface was
less likely.

5. Analysis of literature data

Two of the previous publications [7,8] were unique in that they
provided sufficient experimental details to permit the following
analysis of the thermodynamic and kinetic parameters, which af-
fect the carbothermic conversion.

5.1. Ledergerber et al. [8]

Ledergerber et al. [8] provided detailed information that per-
mitted additional insight into the conversion process. The initial
carbon to uranium molar ratio of the microspheres was not given,
but in Section 6.5 it is deduced that this value was approximately
2.15. Conversion was attained by flowing gases through a vertical
bed of microspheres held in a molybdenum crucible at a typical
flow rate of 0.2 mol gas/min/mol uranium. UC0.15N0.85 kernels with
a TD of 97% were produced at 2023 K. In general agreement with
another effort [6], the highest densities were achieved by the com-
plete conversion of the UO2:2C microspheres into UO2:2UC kernels
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using 7% hydrogen in argon for 1.8 h and then conversion to UN in
7% hydrogen in nitrogen for 6.2 h, as shown in Fig. 3. This overall
process produces two mols CO per mol UO2 and is divided into
two parts. In the first part, all of the carbon was reacted in flowing
7% hydrogen in argon via the reaction (5) to remove 66% of the to-
tal CO and to produce UO2:2UC microspheres. In the second part,
the microspheres were heated in 7% hydrogen in nitrogen to form
UN as shown in reaction (6).

2UO2ðsÞ þ 6CðsÞ ! 2UCðsÞ þ 4COðgÞ ðReaction5Þ

2UO2ðsÞ þ 4UCðsÞ þ 3N2ðgÞ ! 6UNðsÞ þ 4COðgÞ ðReaction6Þ

To demonstrate that the initial conversion to UO2:2UC had oc-
curred, the pCO data from the original figure [8] was integrated
vs time to obtain the fraction conversion vs time as shown in
Fig. 3. This figure shows that about 66% of the total CO was pro-
duced via reaction (5) by the time 2023 K was attained. The pCO
at any given temperature during the ramp to 2023 K is essentially
the equilibrium value for the reaction (5) and peaked at 1.6 h at
11 kPa as displayed in Fig. 3, which is a reproduction of Fig. 1 from
Ref. [8]. Then the pCO fell rapidly, which indicated the reaction was
essentially finished. Therefore, CO removal by flowing 7% hydrogen
in argon was controlling the conversion rate during the tempera-
ture ramp. The spike in pCO after nitrogen was introduced may
indicate rapid formation of the UO2–UN1.5 solid solution, which
has been observed in similar experiments [4]. The nitriding results
for the earlier effort [8] were also analyzed using Eq. (2) and (3). It
was assumed that the CO generated after 1.9 h was from the con-
version of UO2:2UC to the final UC0.15N0.85. As can be seen in the
Fig. 3, the diffusion-control model was remarkably linear with time
and the model for first-order rate reaction less so. The value of
log(kd [s�1]) was determined to be �4.91 for Eq. (5).

5.2. Murkerjee et al. [7]

Additional insight into the conversion process was obtained
from the detailed work of Mukerjee et al. [7]. This study flowed
nitrogen over 50 g of gel-derived microspheres of UO2 and carbon
in a tantalum crucible at six temperatures from 1573 to 1823 K.
The carbon to uranium molar ratios ranged from 2.0 to 2.2. They
determined the conversion fraction vs time by converting the CO
to carbon dioxide (CO2) and measuring the latter. The flow rate
was either 40, 60, or 80 cm3/min/g sample, with the latter flow rate
being equivalent to 1.07 mol N2/min/mol uranium. Their Fig. 3
shows the effect of flow rate on fraction conversion vs time at
1723 K at a given fraction conversion. The experimental time is in-
versely proportional to nitrogen flow while a higher flow increases
the fraction conversion at a given experimental time. Mukerjee
et al. [7] concluded ‘‘that diffusion of CO(g) through the product
layer was the rate-controlling step and that decrease in N2(g) flow
rate, i.e., increase in CO partial pressure results in decrease of reac-
tion rate,’’ and they fitted their data with the first-order expression,
Eq. (2). Similar experiments [15] at 1748 K with UO2–carbon pow-
ders at N2 flow rates of 55 to 190 cm3/min/g sample gave rate con-
stants (with time in sec) in agreement with those of Mukerjee et al.
[7] and which also increased similarly with flow rate. To further
demonstrate the correlation of pCO in the above experiments with
the thermodynamic values shown in the relevant region B in Fig. 1,
the results of Mukerjee et al. [7] at 60 cm3/min/g were used to
determine pCO vs T at 50% conversion. At this conversion, 1 mol
CO/mol U was generated, and the resultant average pCO was calcu-
lated from its dilution with the mols of flowing nitrogen. These
pCO values ranged from 0.18 kPa at 1573 K to 3.16 kPa at 1823 K,
and the five values are plotted in Fig. 1. The parallelism of these
values just below those for region B of Fig. 1 supports the general
conclusion that the rate of CO removal affected the reaction rate in
the early stages of conversion. For similar calculations at 90% con-
version, the calculated pCO values were about half an order of
magnitude lower and suggested that rate control at the higher
reaction percentages was not as affected by the ambient pCO. It fol-
lows that the average pCO calculated here results from higher pCO
values in the initial stage of the reaction and lower values at any -
given latter stage of reaction. Also, these pCO values were less than
the equilibrium values in region B of Fig. 1; otherwise, the conver-
sion reaction would stop. The final step in the work of Mukerjee
et al. [7] was the reduction of the solid-solution UC content at
1673 K in flowing 8% hydrogen in nitrogen. It was proposed that
CH4 was the species that reduced the UC content in UC1�xNx, but
instead it was probably HCN, which has partial pressures approxi-
mately two orders of magnitude higher than does CH4 in this tem-
perature range. After the kernels were sintered at 1973 K for 3 h in
2 kPa of nitrogen, their TD was 97%.

Several general conclusions follow from this analysis. As pCO
approaches the equilibrium value, the reaction rate decreases
when conversion is done in flowing gas and conversion is practical
only >1775 K. On the other hand, vacuum conversion of UO2–car-
bon microspheres to UO2–UC kernels is rapid in the 1475–1775 K
range. Such conversion to this intermediate mixture would effi-
ciently remove �66% of the total CO produced in the overall reac-
tion to make UN. This intermediate product when reacted in
nitrogen generally produced UN kernels of higher density than
when nitrogen was used throughout, which would have given
0.5 < N/(C + N) < 1 as intermediate compositions. In order to ap-
proach 100% TD, the UN kernels must be sintered at temperatures
of least 1800 K. Additional sintering in low nitrogen pressures or
vacuum may help approach theoretical density.
6. Experiments, analyses, and discussion

Several different experimental investigations were performed
and analyzed and reported in this section. The investigations were
calcination of gel-derived UO3:2H2O:2.65 C microspheres to
UO2:2.15 C microspheres up to 873 K, vacuum conversion of the
latter to UO2:2UC at 1456–1668 K, the evolution of microsphere
characteristics during processing, and nitriding of vacuum-synthe-
sized UO2:2UC microspheres following the process of Ledergerber
et al. [8].
6.1. Equipment and materials

Thermogravimetry was the principal method used to measure
mass changes of carbon-bearing uranium microspheres as a func-
tion of time, temperature, and defined atmosphere. Calcination be-
low 800 K was studied with a Harrop Model ST-736 differential
thermal analyzer/thermogravimetric analyzer (DTA/TGA) with an
alumina specimen holder; reagent-grade gases were used. A Net-
zsch Simultaneous Thermal Analyzer (STA) model 449 F1 TGA
was used at all temperatures. The specimens consisted of 75 mg
(�15 microspheres) to 1000 mg (�200 microspheres) loaded into
an alumina crucible positioned on top of an alumina sample car-
rier. The sample carrier rests upon a high-resolution balance and
contains a thermocouple allowing the simultaneous acquisition
of both temperature and mass data. Residual oxygen was removed
from ultra-high-purity argon and nitrogen by flowing the gas over
a bed of copper at 923 K. The amount of oxygen in the supply and
exhaust gas streams was measured using a zirconia solid electro-
lyte cell method. A mass spectrometer was incorporated down-
stream for analysis of product gases. For vacuum conversion
studies, TG measurements were performed under vacuum down
to 0.0001 Pa. A few high-temperature conversion and sintering
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experiments were performed in a graphite furnace capable of
2100 K. X-ray diffraction (XRD) was used to determine phase
content.

The internal gelation process was used to produce hydrated
uranium trioxide (UO3 2H2O) microspheres with Cabot Mogul L
carbon black adequately dispersed throughout the gel spheres.
The preparation process was recently discussed in detail elsewhere
[16]. The majority of the air dried microspheres had a carbon to
uranium molar ratio between 2.6 and 2.7. If hydrogen is used dur-
ing the UO3 reduction to UO2, then both carbon and hydrogen can
and do serve as a reductant, and the carbon to uranium ratio after
the calcination step should be analytically determined. For our
microspheres and test conditions, hydrogen did most of the reduc-
tion. Without hydrogen, the microspheres will only be reduced by
carbon, and the amount of carbon in the calcined microspheres
does not require additional chemical analysis.

6.2. Calcination of UO3 2H2O microspheres with carbon

The Harrop DTA/TGA and purified argon were used to convert
the gel-derived UO3:2H2O:2.65 C microspheres to UO2:2.15 C
microspheres as shown in reaction (7). The microspheres were
heated to 873 K at a rate of 200 K/h and then held at 873 K for 2 h.

UO3 � 2H2OðsÞ þ 2:65CðsÞ ! UO2ðsÞ þ2:15CðsÞþ 2H2OðgÞ þCO2ðgÞ
ðReaction7Þ

The dwell time was increased from 50 min [16] to 2 h because
the sample size was increased from 0.3 g to 7 g. The reduction to
UO2 using adequately dispersed carbon begins at 723 K [17].

Several general observations were noted about the calcination
step. If a ramp rate faster than 200 K/h to 873 K was used, then a
small fraction of the microspheres had surface imperfections, and
a significantly higher ramp rate resulted in cracked kernels upon
carbothermic conversion. However, after calcination, a ramp rate
as high as 20 K/min to conversion temperatures could be used
above 873 K. In order to circumvent the slow calcination step, a
master batch of properly calcined material was stored in argon.
However, an unavoidable, partial oxidation of the UO2 apparently
occurred during storage. When the calcined microspheres were re-
heated above 723 K, an additional carbon loss of 0.1 to 0.2 carbon/
uranium would occur, and this carbon loss would typically lead to
Fig. 4. Characteristics of calcination of air-dried UO3:2.65 carbon in Ar at 200 K/h from th
for H2O and CO2 are qualitative and have the experimental relative intensities.
a small percentage of UO2 phase in the nitride. For this reason, crit-
ical experiments were started with the recommended 200 K/h cal-
cination of air-dried uranium microspheres with carbon.
Simultaneous thermogravimetry, temperature profile, and mass
spectrometry for this process were obtained with the Netzsch
instrument and are shown in Fig. 4. The H2O trace displays two
peaks representing removal of adsorbed and chemically bound
water. The oxygen trace (not shown for clarity) was analyzed for
behavior that may indicate partial decomposition of UO3 to an
oxide such as triuranium octoxide (U3O8). Four distinct peaks are
associated with oxygen species and all correspond to indicated
H2O and CO2 peaks. Decomposition of UO3 to lower oxides, carbon-
ate decomposition, and residual organic decomposition, if present,
overlap with other TG and MS traces. Two distinct CO2 peaks are
revealed with onset temperatures of 442 K and 792 K respectively.

6.3. Vacuum conversion

Isothermal experiments were performed in vacuum from 1456
to 1668 K. One-gram samples of previously calcined UO2:carbon
microspheres were heated to the desired temperature in 50 min
in the STA. A vacuum of 0.1 Pa or lower was maintained. A sample
was converted to UO2:2UC, which was confirmed by XRD. The STA
results were analyzed using the rate equations for first-order and
diffusion-controlled approaches. As shown in Fig. 5, results illus-
trate that the two equations represent the data similarly up to
about 95% conversion, but the first-order equation deviates signif-
icantly from linearity thereafter. In the case of the diffusion-con-
trolled model, the linearity is possibly the result of the effective
radius being that of the individual UO2 + UC crystallites and not
of the microsphere itself.

Only the diffusion-controlled model was used to determine the
rate constants at each temperature. The constants shown in Table 1
exhibited linearity with 10,000/T and are represented by Eq. (6).
The activation energy (Ea)/gas constant (R) value of 12,900 is equiv-
alent to an Ea of 247 kJ/mol, which is 90 kJ/mol lower than the pre-
viously reported Ea for uranium oxide

logðk½sec�1�Þ ¼ 3:31� 12;900=TðKÞ ð6Þ

microspheres with carbon in vacuum [9] and is 50 to 125 kJ/mol
lower than the reported values for other conversion experiments
[9]. In addition, the Ea/R value of 12,900 is considerably different
eromogravimetry and mass sepectrometry with the Netzsch instrument. The traces
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Table 1
Rate constant in vacuum.

10,000/T (K) log(k [s�1])

5.995 �4.39
6.188 �4.74
6.418 �4.94
6.627 �5.19
6.868 �5.58
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from the Ea/R value of 19,346 for Eq. (4), which indicates the rate
control was not related to pCO of the conversion reaction. This cur-
rent observation differs from earlier results [7]. The new, lower acti-
vation energy was most likely due to the dispersion of smaller
carbon black nanoparticles among the UO2 crystallites in the
microspheres.

The time to attain any fraction conversion at temperature is
represented by Eqs. (7a) and (7b). Eq. (7b) was used in Fig. 6 to
demonstration the vacuum conversion behavior.
logðt½sec�Þ ¼ logð1� 2a=3� ½1� a�2=3Þ � 3:31

þ 12;900=TðKÞ ð7aÞ

logðt½min�Þ ¼ logð1� 2a=3� ½1� a�2=3Þ � 5:09

þ 12;900=TðKÞ ð7bÞ

An additional experiment was performed at 1773 K, and
approximately 66% of the sample was converted when a tempera-
ture of 1773 K was attained. An iterative application of Eq. (7b)
both during the ramp to temperature and also the isothermal por-
tion showed good agreement with the data. Therefore, Eqs. (7a)
and (7b) should be valid up to a temperature of 1773 K.

A non-isothermal conversion in vacuum was conducted for
comparison with earlier experimental results [9] and application
of Eq. (7b). The initial calcined material was taken to 1423 K at
25 K/min and then 1723 K at 1 K/min. X-ray diffraction results
indicated that the kernel was 68.7 wt% UC and 31.3 wt% UO2. The



410 T.B. Lindemer et al. / Journal of Nuclear Materials 448 (2014) 404–411
kernels had an average diameter of 935 lm, and the density was
8770 kg/m3 or 69% of TD. Curve A in Fig. 7 shows the experimental
conversion results, and curve B is the behavior predicted from Eq.
(7b) using an iterative manual spreadsheet calculation. Curve B,
and thus the application of Eq. (7b), adequately represents the
experimental data of curve A. It can also be seen that conversion
in the present work was comparable to the earlier study [9]. How-
ever, the current uranium microspheres with carbon began to react
100 K lower than the previous uranium kernels with carbon [9].

Fig. 8 illustrates the utility of Eq. (7b) in the analysis of compli-
cated experimental results. In this experiment, UO2:carbon micro-
spheres were taken in vacuum to 1773 K at a ramp rate of �15 K/
min and held at that temperature until conversion to UO2:2UC was
completed. The model predicts that conversion would begin at
approximately 1323 K or 80 min into the experiment and that
the conversion would be about 60% complete when 1773 K was at-
tained after 107 min. As seen in Fig. 8, the predicted behavior for
the initial half of the conversion falls where the observed weight
gain in the data reflects the most rapid CO evolution rate. (These
gains also appear when CO2 is evolved rapidly during caclining in
vacuum at 723–873 K. The rapid evolution of gas in vacuum exhib-
its a downward pressure, i.e., a false weight gain, on the STA.) The
conversion rate then slows and the STA weight percentage drops
precipitously until 110 min, which is at about 66% conversion,
where the weight change and the predictions of Eq. (7b) again be-
gin to coincide. This experimental behavior would have been diffi-
cult to interpret without the model of Eq. (7b).

Vacuum conversion is shown here to be much faster than any
possible conversion by flowing argon through a particle bed used
for production quantities of UO2:3C mixtures to UC. The minimum
mols of gas needed to remove 1 mol of CO at low pressure is the
reciprocal of pCO. The calculated flow of argon needed to just sat-
urate the argon with the equilibrium CO pressure for 100% conver-
sion in the time calculated by Eq. (7b) can be determined using Eq.
(8). The combination of Eqs. (1) and (8) become Eq. (9).

logðflow½molsAr=min�Þ ¼ �logðpCO½100 kPa�Þ � logðt½min�Þ; ð8Þ

logðflow½molsAr=min�Þ ¼ 3:26� 6;446=T ð9Þ

At 1873 K, Eq. (9) predicts 1.5 mols argon/min (140 mL/g uranium/
min) and at 1473 K 13 mols argon/min (1200 mL/g uranium/min)
just to saturate the argon with the equilibrium pCO, at which pCO
the reaction would actually stop. These values need to be multiplied
by 2 for complete conversion of 1 mol UO2 (which produces 2 mols
of CO) and by another estimated factor of �5 so that pCO is well be-
low the equilibrium value (line A, Fig. 1), as deduced from a com-
parison of the experimental M50% and region B of Fig. 1. This
gives a total factor of 10 to ensure that pCO is considerably less than
equilibrium so that the conversion can proceed. Such flows are
practically impossible and demonstrate the advantage of vacuum
conversion to the carbide. Conversely, in the present experiments
with only �100 mg samples (�20 microspheres) on a flat specimen
holder in flowing gas so that CO removal is unhindered, conversion
rates were only slightly lower than those with vacuum.

6.4. Evolution of diameter and density

The commonly observed shrinkage of the original air-dried
microspheres at different stages of conversion was measured.
Air-dried microspheres had an average diameter of 1760 lm. Their
approximate molar composition was UO3 2H2O + 2.65 carbon with
trace amounts of ammonia nitrate, urea, and hexamethylenetetra-
mine. The density of the air-dried microspheres was typically
1600 kg/m3. However, the density of the air-dried uranium micro-
spheres is greatly impacted by the gelation temperature. After the
microspheres were heated at 1373 K in argon, their composition
became UO2 + carbon, and their average diameter only reduced
to 1550 lm. The density of calcined microspheres was 2400 kg/
m3, which corresponded to a 30% TD. Conversion to UO2:2UC at
1573 K produced kernels with an average diameter of 1200 lm
and a density of 4600 kg/m3 or 36% of TD. The same conversion
at 1673 K yielded kernels with an average diameter of 1070 lm
and a density of 6200 kg/m3 or 49% of TD. With a conversion tem-
perature of 1773 K, the average diameter decreased to 990 lm
while the density increased to 7400 kg/m3 or 58% of TD. In one
combined experiment, the conversion to UO2:2UC at 2023 K pro-
duced microspheres with an average diameter of 900 lm and a
density of 9700 kg/m3 or 76% of TD. Then, these microspheres were
converted to UN at 1873 K with no change in diameter and a lower
density of 8300 kg/m3 or 58% of TD.
6.5. Investigations using the Ledergerber parameters [8]

Uranium carbonitride kernels were made from air-dried UO3:2-
H2O:2.65 carbon microspheres by using the general experimental
parameters of Ledergerber et al. [8]. In one run, about 7 g of air-
dried microspheres were placed in a molybdenum boat in a graph-
ite furnace and calcined at 3 K/min to 973 K in 4% H2 in Ar. The
sample was then heated at 5 K/min to 1948 K, the gas switched
to 4% H2 in N2, and the temperature ramp continued to 2073 K,
where it was held for 20 h. The gas was switched back to 4% H2

in Ar to prevent the formation of U2N3 during cooling at 20 K/
min to room temperature. The resulting kernels were UC0.57 N0.43

with a 90% TD and a lattice parameter (LP) of 0.49329 nm. A second
run was taken to 2023 K with otherwise identical parameters and
gave UC0.54N0.46 with an 89% TD and a LP of 0.49325 nm. A third
run again used the same parameters, with the single exception that
the microspheres were converted to UO2 and UC in vacuum be-
tween 973 and 1948 K; an iterative application of Eq. (7b) pre-
dicted conversion to a UO2–UC mixture by 1873 K. Conversion at
2023 K gave UC0.6N0.4 with an 88% TD and a LP of 0.49366 nm.

The above experiments lead to a few observations. Although the
approximately 97% TD of Ref. [8] was not achieved, the present
density results are equivalent to those from earlier work [5,6]. It
does appear that vacuum conversion may be useful to remove 2/
3 of the CO in the carbothermic conversion to UN and may be par-
ticularly useful for large batches. The especially significant obser-
vation is the high carbide content of the kernels resulting from
using 4% H2 in Ar during calcining to 973 K. It appears that the
hydrogen primarily reduces the UO3, so that there is an excess of
carbon after calcination, and this excess is most of the �57% UC
in the UC1�xNx. (This observation concerning reduction is contrary
to our earlier TGA studies of calcining [17], where both carbon and
hydrogen reduced the O/U simultaneously in dehydrated micro-
spheres, resulting possibly from the physical difference between
microspheres in a TGA cup of that study and as a monolayer in
the present graphite furnace.) The present observation of high car-
bide content when calcining in 4% H2 in Ar also leads to the conclu-
sion that Ledergerber et al. [8] obtained their final values of 0.01 < x
< 0.15 in the UC1�xNx kernels by starting with a carbon to uranium
molar ratio of 2.15 in the initial microspheres, which were dried in
a rotary drier and calcined in a static bed to 773 K; the latter tem-
perature is just below where O/U reduction to 2 begins [17].
7. Conclusions

Detailed discussions of the present and several related investi-
gations appear in the previous sections. Several conclusions result
from these investigations and analyses.

Extensive thermodynamic calculations illustrated that the car-
bothermic conversion of UO2–carbon mixes in flowing inert gases
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to UC has pCO values lower than when converting in nitrogen to
UC1�xNx. However, when carbon is absent and only UO2 and UC1�-
xNx are present, further reaction at usual sintering temperatures to
increase the values of x and lower the oxide content by CO removal
occurs at very low pCO values, thus requiring relatively large flows
of nitrogen. It was also calculated that HCN is second to CO as the
dominant carbon-containing gas during carbothermic conversion
and sintering.

Analysis of the carbothermic conversions experiments of Refs.
[7,15] indicated consistency in their rate constants and a direct
influence of gas flow rates, which they concluded affected the
ambient pCO values.

Analysis of the experiments of Ledergerber et al. [8] indicated
that CO removal by the 7% H2 in Ar flow was controlling the con-
version to �UO2:2UC during the temperature ramp to the final
temperature, while subsequent conversion to UC1�xNx kernels in
7% H2 in N2 was consistent with control by solid-state diffusion
within the kernel.

Several observations of the calcining process were made. Exper-
iments of the calcining process with simultaneous TGA and mass
spectrometry at a temperature ramp of 200 K/h revealed many
previously unknown details of the release of H2O, CO, and CO2. Cal-
cining at rates above 200 K/h led to microsphere surface imperfec-
tions, and substantially higher rates resulted in cracked kernels
after conversion. Calcining of a master batch to be used later in
making UC1�xNx, and storage in argon, led to some reoxidation, loss
of C/U via recalcining in subsequent experiments, and UO2 in the
product. Consequently, use of uncalcined, air-dried microspheres
is recommended for carbothermic conversion.

Carothermic conversion of microspheres in vacuum to UO2:2UC
was studied isothermally, modeled, and the model applied suc-
cessfully to non-isothermal experiments.

The parameters of Ref. [8] were the experimental basis for pro-
ducing �7 g of UC1�xNx kernels with �89% TD. Use of hydrogen-
containing gases throughout with an initial carbon to uranium
molar ratio of 2.65 led to x values of �0.57 because hydrogen
and not �0.5 mols of carbon did most of the reducing UO3 during
calcination. Intermediate carbothermic conversion of calcined
material in vacuum to a UO2–UC mixture, followed by conversion
and sintering in 4% H2 in N2 gave the same density and values of x.

It seems remarkable that the present rate equations based on an
unchanging sphere diameter and density can represent experimen-
tal kinetic data when one considers that the calcined 1550 lm,
UO2:2.65C, 30% TD microsphere subsequently shrinks to a
990 lm, 50% TD kernel when converted carbothermically at
1773 K. Application of the work of Refs. [13,14]may lead to better
rate equations for such conditions.
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A thermomechanical assessment of the LWR application of TRISO fuel with UN kernels was performed.
Fission product release under operational and transient temperature conditions was determined by
extrapolation from fission product recoil calculations and limited data from irradiated UN pellets. Both
fission recoil and diffusive release were considered and internal particle pressures computed for both
650 and 800 lm diameter kernels as a function of buffer layer thickness. These pressures were used in
conjunction with a finite element program to compute the radial and tangential stresses generated
within a TRISO particle undergoing burnup. Creep and swelling of the inner and outer pyrolytic carbon
layers were included in the analyses. A measure of reliability of the TRISO particle was obtained by com-
puting the probability of survival of the SiC barrier layer and the maximum tensile stress generated in the
pyrolytic carbon layers from internal pressure and thermomechanics of the layers. These reliability esti-
mates were obtained as functions of the kernel diameter, buffer layer thickness, and pyrolytic carbon
layer thickness. The value of the probability of survival at the end of irradiation was inversely propor-
tional to the maximum pressure.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

Historically, nitride-based nuclear fuel has been considered for
liquid metal fast breeder reactors, space nuclear propulsion, and
gas-cooled reactors. It has not generally been of interest for con-
ventional light water reactors (LWRs) due to its susceptibility to
reactions with water and air. Recently, the goal of developing an
accident-tolerant fuel (ATF) that meets the objectives of fuel-re-
lated core materials tolerant to LWR beyond-design-basis acci-
dents has included evaluating new fuel compositions other than
urania. A new concept for LWR nuclear fuel utilizes tri-structural
isotropic (TRISO) fuel particles embedded in a SiC matrix in pellet
form, replacing sintered urania pellets [1,2]. The fuel is considered
significantly more accident tolerant than urania, as the SiC matrix
and TRISO particles would be highly resistant to oxidation and fis-
sion product release under beyond-design-basis accident condi-
tions. TRISO fuel UN kernels with densities of �95% are being
considered to obtain higher fissile loading compared to UO2, which
is likely needed for the concept.
Another approach being explored is a protected UN fuel pellet
within either metallic or SiC cladding. In this case UN fuel offers
a significant economic advantage due to its high uranium concen-
tration compared to UO2. However, the significant adverse reaction
of UN with water at reactor temperatures (�300 �C) [3] requires
increasing the resistance of UN to high temperature water and
steam, and thus using UN grain-level coatings of U3Si2 is being sep-
arately explored.

The focus of the current paper is on the use of UN kernels in TRI-
SO fuel particles for ATF. To obtain the greatest fissile loading there
is an interest in minimizing the amount of structural material
while maximizing fissile content. That has translated to increasing
enrichment to 19.4%, expanding the kernel diameter beyond the
conventional 500 lm, and to efforts to minimize the thicknesses
of the low density carbon (buffer) and high density inner pyrolytic
carbon (IPyC) layers in the particle. Even with kernel swelling and a
thin debonding gap between the buffer and IPyC layer, the initial
buffer layer thickness governs the ultimate particle internal pres-
sure as it provides open volume for released fission product gas
and vapor. The initial buffer void volume – directly related to the
initial buffer thickness – is re-distributed to the expanding kernel
void, the shrinking buffer void, and the developing buffer-IPyC
gap throughout irradiation, but the total void volume is essentially
constant, considering the IPyC inner radius does not practically
change. The internal pressure increases under burnup at high tem-
peratures as the gas and vapor evolve and escape to the buffer re-
gion, and can eventually fail the particle if it exceeds the strength
of the coatings. Thus the minimum buffer layer thickness required

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.10.034&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.10.034
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depends on the dimensions and history of the particle, including
the expected fission product release from the kernel into the buffer
volume.

The TRISO particles will be embedded in a SiC matrix, which is
currently prepared by nano-powder infiltration and transient eu-
tectic phase (NITE) processing [4,5]. The NITE SiC matrix has dense,
isotropic grains which measure several hundred nanometers in
diameter. The material has demonstrated excellent irradiation sta-
bility [6,7]. Compacts will be formed by hot-pressing the TRISO
particles with the NITE matrix to form LWR-sized fuel pellets.
These can then be used with conventional or advanced cladding
as direct replacement for urania fuel in LWRs. Proposed fuel will
utilize an enrichment of 19.4% (this example), with current irradi-
ation conditions envisioned as resulting in a fast fluence of
18 � 1025 n/m2. Significant efforts are ongoing on both further de-
sign of the fuel system and assessment of its use in LWRs.

The current study undertakes to estimate fission product re-
lease from a UN kernel and resultant internal particle pressure.
The pressure values are used in thermomechanical modeling to
determine survival probabilities of particles for several sets of
geometries (coating thicknesses). Issues such as swelling1 in pyro-
carbon and SiC layers are considered, however the effect of kernel
swelling is not addressed, as notably there is no data for high fluence
values, and existing data on swelling in UN varies widely. This study
therefore models a three-layer mechanical system consisting of the
inner and outer pyrocarbon layers sandwiching the SiC layer, and
put under stress by fission gas released by the kernel. In a TRISO par-
ticle, the shrinkage of the buffer and IPyC layers early in irradiation
forms a gap that mechanically isolates the three outer layers from
the kernel and buffer. In this analysis, the three-layer system is as-
sumed to remain mechanically isolated. Extensive swelling of the
kernel with burn-up, which could lead to the closing of the buffer-
IPyC gap and put the kernel/buffer system in mechanical contact
with the three-layer system, is not considered here. Also not consid-
ered has been the effect of the SiC matrix, which can have a mitigat-
ing effect on particle failure.
2. Fission product release

Fission product release data from high density UN fuel is very
limited, with the only sources from work with pellet geometries
for systems developed for space nuclear power such as that of
Weaver et al. [8] and DeCrescente et al. [9], which were summa-
rized and assessed by Storms [10]. Mixed nitrides for potential
use in fast breeder reactors have been studied, and fission product
release information provided in Bauer et al. [11,12] and Tanaka
et al. [13]. The results are also used in FRAPCON-EP to compute
swelling and fission gas release from UN fuel [14]. In Bauer et al.
[13], the fission product release is dependent on fuel porosity, with
that from low porosity fuel (<10 vol.%) expected to be solely from
recoil release from the geometric surface, and which they esti-
mates to be �0.5%.
2.1. Recoil release

Uranium nitride kernels in potential LWR TRISO fuel are ex-
pected to be high density, typically in excess of 95% if theoretical
density. Thus it is expected that fission recoil will be an important
mechanism by which fission products are released from the kernel
to the buffer volume at low temperatures where diffusive transport
of gaseous fission products is slow. The information of Bauer et al.
[13] together with the fuel pellet geometry (5.715 mm
1 Here swelling refers to fluence-dependent strains developed in in the PyC layers
These strains may be positive (expansion) or negative (contraction or shrinkage).
.

dia. � 6.35 mm length) from this study can be used to determine
the noble gas (dominated by Xe and Kr) recoil release fraction
using a simplified relation in Lewis [15] for a cylindrical pellet

f ¼ 1
4

S
V

a ð1Þ

where f is the fractional release, S is the pellet surface area, V is
the pellet volume, and a is the fission fragment range. To deter-
mine the recoil range in UN the approach of Wise [16] was
adopted using the precursor isotopes for Kr and Xe of 88Br and
135I, respectively. The fragments were assumed to have mean
energies of 101.5 MeV for 88Br and 66.5 MeV for 135I. The ranges
were determined from the tables of Northcliffe and Schilling
[17], although UN was not included in the tables as one of the
media listed. Data was thus taken for material with the same
mean atomic number, namely Ag, per Wise [16]. The resulting
average range for the Kr and Xe are 5.68 lm and 3.98 lm, respec-
tively. These values agree reasonably with the 10 lm range quoted
by Lewis [15] from Olander [18] for the less dense UO2. The re-
lease fractions due to fission recoil for the 650 lm kernel are
0.918% and 1.31% for Xe and Kr respectively, and for the 800 lm
kernel are 0.746% and 1.07% for Xe and Kr, respectively. These
agree well with the estimated �0.5% fission product release frac-
tion due to recoil in UN from Bauer et al. [13].

2.2. Diffusive release

At elevated temperatures fission product diffusion is relatively
rapid and thus this additional mechanism must be accounted for
in predicting gas release to the buffer region. The PARFUME (PAR-
ticle Fuel ModEL) code was used to determine the fractional release
of fission gases [19]. PARFUME is an advanced gas-cooled reactor
fuel performance modeling and analysis code developed at the Ida-
ho National Laborarory (INL). It is an integrated mechanistic code
that evaluates the thermal, mechanical, and physico-chemical
behavior of fuel particles during irradiation to determine the fail-
ure probability of a population of fuel particles given the parti-
cle-to-particle statistical variations in physical dimensions and
material properties that arise from the fuel fabrication process,
accounting for all viable mechanisms that can lead to particle
failure.

In PARFUME, the release fraction is calculated according to the
Booth equivalent sphere diffusion model [20], which describes the
theoretical diffusive release from a sphere. In a fuel kernel, this
sphere can be ascribed to the crystallites if the fission gases are
considered to be released once they reach the grain boundaries,
or it can be a larger structure depending on the path followed by
the gas to escape the fuel. There is no definitive answer as to the
release mechanism, and any size ranging from a grain to a kernel
could practically represent the Booth sphere.

Under reactor conditions, the release fraction of a gaseous spe-
cies with diffusion coefficient ‘‘D’’ from a sphere of radius ‘‘a’’ after
an irradiation time ‘‘t’’ is given by:

f ¼ 1� 6
90s
þ 6

p4s
X1
n¼1

1
n4 � e�n2p2s
� �

ð2Þ

where s ¼ Dt
a2 is the dimensionless diffusion time. PARFUME trun-

cates the infinite series at n = 100, which results in a relative preci-
sion on the release fraction better than 10�8. It can be shown that
for values of s lower than 0.35, the infinite series can be approxi-
mated by:

f ¼
ffiffiffiffi
s
p

4

r
� 3

2
s ð3Þ

which can be further reduced to:
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f ¼
ffiffiffiffi
s
p

4

r
ð4Þ

with a relative error of 10% if s < 0.02 (a relative error of 1% would
be achieved for s < 2 � 10�4) [21].

PARFUME considers that the fission gases are released from
spheres having a diameter of 20 lm, which is assumed to be of
the order of magnitude of the size of UN crystallites. At each irra-
diation step, PARFUME calculates the kernel temperature Tk and
the subsequent fractional release of fission gas, using the effective
diffusion coefficient Dg (cm�2 s�1) fitted to Storms [10] correlated
fission gas release from UN fuel as reported by Weaver et al. [3]
and DeCrescente et al. [9] for fuel with densities P94 vol.%
(Fig. 1)

Dg ¼ 6:6454 � 10�12 � e�19164=T ð5Þ

Tanaka et al. [13] utilized low density fuel (84.8% and 86% theoret-
ical density) and thus correlation with the proposed high density
(�95%) UN kernels was not viewed as appropriate. For the nominal
conditions (enrichment 19.4%, fast fluence 18 * 1025 n/m2, irradia-
tion time 1000 EFPD) and geometry (kernel diameter 650 or
800 lm), PARFUME calculates the diffusive release fractions at the
end of irradiation. The values were determined for fission gas re-
lease at the maximum operating temperature of 800 �C, a design-
basis accident temperature of 1250 �C, and a beyond design-basis
accident temperature of 1600 �C. At 800 �C the values are 2.2% for
the 650 lm kernel and 2.6% for the 800 lm kernel; at 1250 �C for
the 650 lm and 800 lm kernels the values are 15.6% and 17.0%,
respectively; and at 1600 �C for the 650 lm and 800 lm kernels
they are 38.4% and 41.5%, respectively.

2.3. Fission gas inventory and particle pressure

A set of SCALE calculations for a UN kernel enriched to 19.4%
235U in LWR TRISO fuel after George et al., [22] determined the fis-
sion product inventory after 19% FIMA over three years. Noble fis-
sion gas release values determined from the relations above are
shown in Table 1, which are the sum of the fission recoil (in the
case of Kr and Xe) and diffusive release. Note that He is assumed
to be released solely through a diffusive mechanism. At 800 �C
the Xe and Kr release fraction for fission recoil and diffusion are
of the same order of magnitude, and at the higher temperatures
diffusion dominates. Vapor partial pressures from fuel and fission
product phases can be important contributors to the total pressure
at these elevated temperatures. Their pressures were determined
from equilibrium calculations at temperature assuming the fuel
and fission product inventory in a particle and their chemical state,
with the free volume assumed to equal 50% of the total buffer layer
Fig. 1. Noble gas diffusivity from experimental measurements of release from UN
pellets as a function of reciprocal temperature from the selected data of Storms
[10].
volume. The calculations were performed using the FactSage ther-
mochemical software [23] and attendant thermochemical dat-
abases, with the exception of thermochemical values for UN
which were obtained from Besmann et al. [24]. The results are seen
in Fig. 2a and b. The noble gases account for about 48–63% of the
gas vapor inventory depending on temperature between 800 �C
and 1600 �C, with the vapor pressures over the condensed fission
products providing the remainder. As the pressures are propor-
tional to available volume, they are seen to remain modest at buf-
fer layer thicknesses >50 lm and temperatures of 800 �C and
1250 �C, whereas they rise sharply at 1600 �C and smaller buffer
layer thicknesses.
3. Modeling coated particle properties and survivability

In the current study, the stress analyses method developed by
Miller [19,25–29] was used to estimate the stress distributions
generated within the TRISO particle (Fig. 3 and Table 2) undergoing
burnup. In this approach, the stress analyses are applied only to the
outer 3 layers, (IPyC, SiC, and OPyC). In other words these three
layers are assumed to be structurally isolated from the kernel
due to the low elastic modulus of the buffer and the tendency of
the elastic moduli of both the buffer and kernel to decrease with
increasing irradiation, after Boer et al. [29]. As shown in Fig. 4,
the primary external boundary condition that must be applied to
this model is the internal pressurization that arises due to gas evo-
lution from the kernel over time. In the present study, this time-
dependent pressure, Pi, was calculated using the approach de-
scribed in Section 2. The stress–strain relationships of Miller [25–
28] for the model in Fig. 4 are as follows,

deL
r

dt
¼ 1

E
drL

r

dt
� 2ldrL

t

dt

� �
þ deL

r

dt
þ c rL

r � 2mrt
� �

ð6Þ
deL
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¼ 1

E
drL

t

dt
� l drL
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þ deL

t
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þ c rL

t � m rL
t þ rL

r

� �	 

ð7Þ

where e is the total strain, r is the stress, E is the elastic modulus, l
is Poisson’s ratio, e is the swelling strain (a function of fluence, t), c
is the creep constant with units of strain per fluence per unit stress,
and v is a material property that dictates compressibility of the
layer under irradiation (approximately equal to 0.5). The subscripts
t and r denote the tangential and radial directions, respectively. The
superscript L refers to the specific layer (L = IPyC, SiC, or OPyC). For
spherical symmetry, the radial and tangential strains listed in
Eqs. (8) and (9) are simple functions of the radial displacement, u,

er ¼
du
dr

ð8Þ
et ¼
u
r

ð9Þ

In the absence of creep and swelling, the determination of the stress
distributions within the layer requires consideration of the stress–
strain (Eqs. (6) and (7)), strain–displacement (Eqs. (8) and (9)),
and an equilibrium equation. For a purely time-independent elastic
material, rearrangement of these three sets of equations leads to a
second order differential equation with u as the dependent variable
and r as the independent variable. The solution to this differential
equation, which applies only to a single layer (material), consists
of an expression involving two constants, C1 and C2. If multiple lay-
ers are present each with their own values of E and l, unique sets of
constants will be associated with each layer. The specific solution
requires determining the value of the constants C1 and C2 for each
layer in the system. These solutions are dictated by satisfying the



Table 1
Fractional release from UN kernels of noble gases and total amounts of Xe, Kr, and He based on kernel diameter.

Kernel dia. 650 lm 800 lm

Temp. (�C) Xe% release Kr% release mol Xe mol Kr mol He Xe% release Kr% release mol Xe mol Kr mol He

800 3.12% 3.51% 1.069E�08 1.506E�09 8.64E�10 3.35% 3.67% 2.14E�08 2.93E�09 1.90E�09
1250 16.5% 16.9% 5.664E�08 7.086E�09 6.12E�09 17.7% 18.1% 1.13E�07 1.42E�08 1.24E�08
1600 39.3% 39.7% 1.348E�07 1.687E�08 1.51E�08 42.2% 42.6% 2.70E�07 3.38E�08 3.04E�08

Fig. 2. Computed coated particle internal pressure based on buffer layer thickness
and temperature determined from equilibrium gas volume and noble gas release
fraction for (a) 650 lm and (b) 800 lm diameter kernels.

Fig. 3. Schematic representation of TRISO particle. The PyC layers are designated as
either inner (IPyC) or outer (OPyC), and the particle diameter is typically �1 mm.

Table 2
Elastic properties and layer dimensions used for reliability analyses.

E (MPa) g Dimensions (lm)

Kernel 219,000 0.32 650 and 800 (Diameter)
Buffer 11,000 0.23 25, 50, 75, 100 (Thickness)
IPyC 38,070 0.23 10, 15, 20, 25, 30 (Thickness)
SiC 455,000 0.13 35 (Thickness)
OPyC 38,070 0.23 10, 15, 20, 25, 30 (Thickness)

Fig. 4. Boundary conditions for the 3-layer system.

2 Manufactured by COMSOL, Inc., 1 New England Executive Park, Suite 350
Burlington, MA 01803, USA.

Fig. 5. Stress–strain and strain–displacement relationships are used in accordance
with an equilibrium equation to generate a second order differential equation with
u as the dependent variable and r as the independent variable.
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boundary conditions shown in Fig. 4, where Pi and Po represent in-
ner and outer pressures, respectively.

When creep and swelling/shrinkage processes are active, the
solution scheme described by Miller [16–19] can be used to
calculate the stress distributions as a function of fluence. This solu-
tion scheme is currently used for the stress calculations in PAR-
FUME [19,25–29]. For this work, a commercial finite element
solver, COMSOL Multiphysics software,2 was used to predict the
time dependent stress distributions generated in a TRISO particle
as a function of fluence. As its name implies, this software allows
one to model a variety of physics-based phenomena such as elastic
response (static structural analyses), creep, diffusion, and heat trans-
fer. The key steps in developing a model are (1) define and mesh the
geometry (1, 2, and 3 dimensional models are possible), (2) specify
the physics, (3) set the appropriate properties for the materials in
the model, (4) apply the boundary conditions, (5) solve the model,
and (6) visualize the results. Input such as the boundary conditions
and material properties can vary with position and/or time or be
specified as tabular or analytic functions of the dependent variables.
The later aspect allows the user to couple the various physics.

The structural mechanics and creep modules available with the
COMSOL software were used to solve for the radial displacements
occurring in the model shown in Fig. 5. Swelling/shrinkage was
accommodated using time-dependent strain terms in conjunction
with the thermal expansion strain matrix available in COMSOL.
,



Table 3
Summary of benchmarks evaluated in an IAEA report [31]. The designators, (a), (b) and (c) in the conditions column refer to the swelling rate conditions discussed below.

Case Layers modeled Conditions

1 SiC Kernel diameter = 500 lm, buffer thickness = 100 lm, and SiC coating = 35 lm. No creep or swelling. Internal pressure = 25 MPa.
Elastic behavior assumed

2 Inner PyC Same as Case 1 except inner PyC layer (90 lm thickness) replaces SiC layer
3 Inner PyC and SiC Same as Case 1 except inner PyC layer (90 lm thickness) is added to model
4a Inner PyC and SiC Same as Case 3 except constant swelling rate (a) of PyC prescribed
4b Inner PyC and SiC Same as Case 3 except constant creep of PyC prescribed
4c Inner PyC and SiC Same as Case 3 except constant creep and constant swelling rate (a) of PyC prescribed
4d Inner PyC and SiC Same as Case 3 except constant creep and fluence dependent swelling (a) of PyC prescribed.
5 Inner PyC, SiC, and

outer PyC
Kernel diameter = 350 lm, buffer thickness = 100 lm, IPyC thickness = 40 lm, SiC coating = 35 lm, and IPyC thickness = 40 l.
Constant creep and fluence dependent swelling (b) of PyC prescribed. Internal pressure ramped linearly from 0 to 15.54 MPa

6 Inner PyC, SiC, and
outer PyC

Kernel diameter = 500 lm, buffer thickness = 100 lm, IPyC thickness = 40 lm, SiC coating = 35 lm, and IPyC thickness = 40 lm.
Constant creep and fluence dependent swelling (b) of PyC prescribed. Internal pressure ramped linearly from 0 to 26.2 MPa

7 Inner PyC, SiC, and
outer PyC

Kernel diameter = 500 lm, buffer thickness = 100 lm, IPyC thickness = 40 lm, SiC coating = 35 lm, and IPyC thickness = 40 lm.
Constant creep and fluence dependent swelling (c) of PyC prescribed. Internal pressure ramped linearly from 0 to 26.2 MPa

8 Inner PyC, SiC, and
outer PyC

Kernel diameter = 500 lm, buffer thickness = 100 lm, IPyC thickness = 40 lm, SiC coating = 35 lm, and IPyC thickness = 40 lm.
Constant creep and fluence dependent swelling (c) of PyC prescribed. Internal pressure was cyclic with fluence

Fig. 6. Comparison of the COMSOL and PARFUME stress-fluence profiles calculated
for Case 7. The plot (a) is for the tangential stresses in the PyC layer while the plot
(b) is for the tangential stresses in the SiC layer.

Fig. 7. Examples of fluence dependent stress curves for (a) SiC, (b) 10 lm IPyC, and
(c) 10 lm OPyC layers for 650 lm kernel and 25 lm buffer at 1250 �C (1073 K).
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To account for pressure build-up within the buffer as determined
in Section 2, a time-dependent stress (equal to negative pressure)
was prescribed as an ‘‘internal stress’’ boundary condition and ap-
plied to the inner surface of the IPyC (Fig. 5). This pressure, which
corresponds to the Pi prescribed in Fig. 4, was assumed to increase
linearly with fluence to the maximum values determined above,
which occurred at a fluence of 3 � 1025 n/m2, based on 19% FIMA
[30]. The outer pressure, Po, was assumed to be relatively small
and constant throughout the transient analyses. Consequently its
contribution to the stresses was negligible.

The COMSOL model was validated by comparing the radial and
tangential stress-radius profiles predicted by COMSOL with those
obtained in a previous International Atomic Energy Agency (IAEA)
study [31]. One objective of the study was to validate various pre-
dictive methods for the analyses of nuclear fuel behavior. To this



T.M. Besmann et al. / Journal of Nuclear Materials 448 (2014) 412–419 417
end, benchmark calculations were made in order to compare the
predictive capabilities of the various codes. The 8 benchmarks used
for the single particle analyses are summarized in Table 3. The re-
sults determined with COMSOL were compared with the bench-
mark data generated with the PARFUME code, since the stress
analysis in this code is based on the same mathematical equations
used in the COMSOL model. Agreement between the COMSOL and
PARFUME results were excellent for Cases 1–7 (Case 8 has not been
evaluated with COMSOL). For example, Fig. 6 compares results for
Case 7 in Table 3.

The values for the creep parameter, which was temperature
dependent, and the swelling/shrinkage rates, which are functions
of temperature, fluence, and IPyC density, were taken from the
work of Miller et al. [19]. The calculation of the swelling/shrinkage
rate-fluence curves for the kernel temperatures of 800 �C and
1250 �C required interpolation of the existing data which were
available for temperatures of 600 �C, 1032 �C, and 1350 �C. No
extrapolation was attempted for the case of the 1600 �C kernel
temperature. Instead, the available swelling/shrinkage rate-fluence
curves at 1350 �C were assumed to be valid. Finally, at the time of
this work the use of fluence-dependent properties within COMSOL
had not been developed. As such the elastic properties defined in
Table 2 were assumed to remain constant with fluence.

The resulting stress profiles generated within the SiC layer were
subsequently used to calculate the probability of survival, Ps, from
the expression,

Ps ¼ exp �
Z r

rO

� �m

dV
� �

ð10Þ

where r is either the radial or tangential stress (both are functions
of r), m is the Weibull modulus constant, and ro is the Weibull scale
Table 4
Summary of SiC probabilities of survival for the 650 and 80 lm kernels as a function of b

Probabilities of survival
Kernel diameter = 650 lm

Pressures 10 lm PyC l

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) Ps

25 9.46 76.60 230.00 1.0000
50 4.83 41.20 122.00 1.0000
75 3.30 28.30 84.90 1.0000
100 2.55 21.90 64.60 1.0000

20 lm PyC layers 25 lm PyC l

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C)
Thickness (lm) Ps Ps Ps Ps

25 1.0000 0.9995 0.0000 1.0000
50 1.0000 1.0000 0.9628 1.0000
75 1.0000 1.0000 0.9938 1.0000
100 1.0000 1.0000 0.9983 1.0000

Kernel diameter = 800 lm
Pressures 10 lm PyC l

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) Ps

25 7.22 59.60 179.00 1.0000
50 3.74 32.20 96.90 1.0000
75 2.59 22.40 66.60 1.0000
100 2.02 17.60 50.80 1.0000

20 lm PyC layers 25 lm PyC l

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C)
Thickness (lm) Ps Ps Ps Ps

25 1.0000 0.9995 0.0000 1.0000
50 1.0000 1.0000 0.9621 1.0000
75 1.0000 1.0000 0.9947 1.0000
100 1.0000 1.0000 0.9986 1.0000
parameter. The integration is carried out over the volume, V, for po-
sitive values of the radial and tangential stresses. The use of the vol-
ume integration assumes that the flaws responsible for failure were
located within the bulk. In reality the surface flaws may dominate
given the low volume associated with the barrier layer. A more rig-
orous analyses would require better fractographic data as well as a
more complete understanding of the strength-size scaling relation-
ships for the SiC material. The values of m and ro were equal to 6
and 500 MPa mm3/6, respectively, from Miller et al. [19].
4. Probability of survival of coated particles

Fig. 7 illustrates some typical examples of the fluence depen-
dence of the SiC, IPyC, and OPyC tangential stresses. The initial in-
crease in the PyC tangential stresses with increasing fluence is due
to the combined effects of pressure increase within the kernel re-
gion and swelling (or shrinkage) of the IPyC layer. However as
the stress increases, the contribution of creep induced stress relax-
ation also increases such that the tangential stress versus fluence
curve exhibits a maximum, in this case at a fluence of 0.65. A sec-
ond effect of creep relaxation in the IPyC layer is that the SiC must
now support more and more of the internal pressure load. This is
reflected in an increase in tangential stress in the SiC and ulti-
mately a decrease in the probability of survival. The value of Ps at
the end of fluence depends primarily on the maximum pressure.

Tables 4 and 5 summarize the probabilities of survival and
maximum PyC tangential stresses for the 650 and 800 lm kernels
as a function of buffer thickness, PyC thickness, and maximum
pressure. One can evaluate the acceptable conditions for particle
survivability by specifying a minimum Ps for SiC and a maximum
allowable stress for the PyC (rPyC). Table 6 summarizes the
uffer thickness, PyC thickness, and maximum pressure.

ayers 15 lm PyC layers

1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Ps Ps Ps Ps Ps

0.9991 0.0000 1.0000 0.9993 0.0000
1.0000 0.9628 1.0000 1.0000 0.9627
1.0000 0.9933 1.0000 1.0000 0.9935
1.0000 0.9980 1.0000 1.0000 0.9981

ayers 30 lm PyC layers

1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Ps Ps Ps Ps Ps

0.9996 0.0000 1.0000 0.9997 0.2812
1.0000 0.9631 1.0000 1.0000 0.9634
1.0000 0.9941 1.0000 1.0000 0.9944
1.0000 0.9984 1.0000 1.0000 0.9986

ayers 15 lm PyC layers

1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Ps Ps Ps Ps Ps

0.9991 0.0000 1.0000 0.9994 0.0000
1.0000 0.9604 1.0000 1.0000 0.9612
1.0000 0.9939 1.0000 1.0000 0.9943
1.0000 0.9983 1.0000 1.0000 0.9985

ayers 30 lm PyC layers

1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Ps Ps Ps Ps Ps

0.9997 0.0000 1.0000 0.9998 0.0000
1.0000 0.0000 1.0000 1.0000 0.9641
1.0000 0.9950 1.0000 1.0000 0.9954
1.0000 0.9988 1.0000 1.0000 0.9989



Table 5
Summary of maximum tangential stresses in the PyC layers for 650 and 800 lm kernels as a function of buffer thickness PyC thickness, and maximum pressure.

Max stresses in PyC layers
Kernel diameter = 650 lm

Pressures 10 lm PyC layers 15 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) stmax stmax stmax stmax stmax stmax

25 9.46 76.60 230.00 296 180 129 304 179 126
50 4.83 41.20 122.00 296 183 125 304 188 123
75 3.30 28.30 84.90 296 186 124 303 191 127
100 2.55 21.90 64.60 295 187 126 302 192 129

20 lm PyC layers 25 lm PyC layers 30 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) stmax stmax stmax stmax stmax stmax stmax stmax stmax

25 312 185 123 321 191 120 329 197 123
50 311 194 125 319 199 129 329 205 133
75 310 196 130 317 201 134 324 206 137
100 308 197 132 315 202 136 321 206 139

Kernel diameter = 800 lm
Pressures 10 lm PyC layers 15 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) stmax stmax stmax stmax stmax stmax

25 7.22 59.60 179.00 291 184 134 298 180 132
50 3.74 32.20 96.90 293 180 129 299 184 126
75 2.59 22.40 66.60 293 183 127 298 188 124
100 2.02 17.60 50.80 293 185 127 298 189 126

20 lm PyC layers 25 lm PyC layers 30 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) stmax stmax stmax stmax stmax stmax stmax stmax stmax

25 304 180 129 311 184 126 317 189 124
50 305 189 123 311 193 124 317 198 126
75 304 192 126 310 196 129 315 200 132
100 303 193 129 308 197 131 314 201 134

Table 6
Summary of acceptable conditions (yes) for the TRISO particle for 650 and 800 lm kernels as a function of buffer thickness, PyC thickness, and maximum pressure.

Acceptable conditions
Kernel diameter = 650 lm

Pressures 10 lm PyC layers 15 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) Ps Ps Ps Ps Ps Ps

25 9.46 76.60 230.00 Yes Yes No Yes Yes No
50 4.83 41.20 122.00 Yes Yes No Yes Yes No
75 3.30 28.30 84.90 Yes Yes Yes Yes Yes Yes
100 2.55 21.90 64.60 Yes Yes Yes Yes Yes Yes

20 lm PyC layers 25 lm PyC layers 30 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) Ps Ps Ps Ps Ps Ps Ps Ps Ps

25 Yes Yes No Yes Yes No Yes Yes No
50 Yes Yes No Yes Yes No Yes Yes No
75 Yes Yes Yes Yes Yes Yes Yes Yes Yes
100 Yes Yes Yes Yes Yes Yes Yes Yes Yes

Kernel diameter = 800 lm
Pressures 10 lm PyC layers 15 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) P (MPa) P (MPa) P (MPa) Ps Ps Ps Ps Ps Ps

25 7.22 59.60 179.00 Yes Yes No Yes Yes No
50 3.74 32.20 96.90 Yes Yes No Yes Yes No
75 2.59 22.40 66.60 Yes Yes Yes Yes Yes Yes
100 2.02 17.60 50.80 Yes Yes Yes Yes Yes Yes

20 lm PyC layers 25 lm PyC layers 30 lm PyC layers

Buffer 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C) 800 (�C) 1250 (�C) 1600 (�C)
Thickness (lm) Ps Ps Ps Ps Ps Ps Ps Ps Ps

25 Yes Yes No Yes Yes No Yes Yes No
50 Yes Yes No Yes Yes No Yes Yes No
75 Yes Yes Yes Yes Yes Yes Yes Yes Yes
100 Yes Yes Yes Yes Yes Yes Yes Yes Yes
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acceptable conditions for the case where Ps P 0.99 and rPyC -
6 350 MPa. For instance, under the 800 �C operating condition
the probability of survival is approximately 100% independent of
buffer thickness and PyC thickness for both kernel sizes. Even at
1250 �C the Ps could be P0.99 under the selected conditions of buf-
fer thickness and PyC thickness for both kernel sizes.
5. Conclusions

The application of TRISO fuel particles in LWRs requires maxi-
mizing fuel loading and significant burnup, and hence the need
to use UN fuel kernels and minimal TRISO coating layers. Analysis
of the survival probability of thus designed particles was under-
taken utilizing pressure buildup in the particle as a result of fission
gas release. There is a paucity of data, however, on fission gas re-
lease from UN, with the available information restricted to pellet
geometries with varying densities. Recoil ranges based on fission
fragment energies were used to determine fission recoil release
and higher temperature release data from irradiated high density
UN fuel pellets were extrapolated to obtain diffusive release from
UN kernels into the buffer region. The resulting computed particle
pressures under operational temperature and elevated transient
temperatures were used as input to thermomechanical models of
particle behavior. The study assumed a full decoupling between
the three outer layers (IPyC, SiC, and OPyC) and the kernel and buf-
fer, therefore isolating the load bearing layers from any mechanical
interaction with the kernel and buffer. At high fluence and burn-
up, the lack of knowledge for key material properties (especially
kernel swelling rate and pyrocarbon strain rates) leaves room for
such an assumption but it should also raise awareness that poten-
tial high swelling rates could affect the width of the buffer-IPyC
gap, possibly leading to additional mechanical stress on the IPyC
from the kernel and buffer.

The calculated particle internal pressures were used in conjunc-
tion with the COMSOL Multiphysics software to calculate the flu-
ence dependent stress distributions generated within a TRISO
particle. A measure of reliability of the TRISO particle was obtained
by measuring the probability of survival of the SiC barrier layer and
the maximum tensile stress generated in the pyrolytic carbon lay-
ers as a function of fluence. These reliability estimates were ob-
tained as functions of the kernel diameter, buffer layer thickness,
and pyrolytic carbon layer thicknesses. The SiC probability of sur-
vival increased with decreasing temperature, increasing buffer
layer thickness, and increasing PyC thickness. The maximum tan-
gential stress generated with the IPyC layer decreased significantly
with increasing temperature but was relatively insensitive to
changes in the buffer layer and PyC layer thicknesses. As a result
of these competing effects, the best overall reliability based on
internal gas pressure of the TRISO particle was achieved at lower
temperatures and higher buffer layer thickness, with survival even
at 1600 �C and 75 lm thickness buffer layer. In general, the conclu-
sions are likely conservative given the high release fractions for the
noble gases and the use of total vapor pressures over the con-
densed fission product phases.
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Application of advanced oxidation-resistant iron alloys as light water reactor fuel cladding is proposed.
The motivations are based on specific limitations associated with zirconium alloys, currently used as fuel
cladding, under design-basis and beyond-design-basis accident scenarios. Using a simplified methodol-
ogy, gains in safety margins under severe accidents upon transition to advanced oxidation-resistant iron
alloys as fuel cladding are showcased. Oxidation behavior, mechanical properties, and irradiation effects
of advanced iron alloys are briefly reviewed and compared to zirconium alloys as well as historic austen-
itic stainless steel cladding materials. Neutronic characteristics of iron-alloy-clad fuel bundles are deter-
mined and fed into a simple economic model to estimate the impact on nuclear electricity production
cost. Prior experience with steel cladding is combined with the current understanding of the mechanical
properties and irradiation behavior of advanced iron alloys to identify a combination of cladding thick-
ness reduction and fuel enrichment increase (�0.5%) as an efficient route to offset any penalties in cycle
length, due to higher neutron absorption in the iron alloy cladding, with modest impact on the
economics.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

In 1975 Hyman Rickover summarized the key considerations
that led to his decision almost three decades earlier to use zirco-
nium alloys for the fuel cladding in U.S. Navy’s pressurized water
nuclear reactor [1].

Almost four decades later, zirconium alloys enjoy a monopoly
for uranium oxide fuel cladding material in light water reactors
(LWRs) and are used in other fuel bundle structures such as por-
tions of the grid spacers, as the channel box material for boiling
water reactor (BWR) fuel assemblies, and elsewhere. Zirconium tri-
umphed over other fielded clad options such as stainless steel,
beryllium, and aluminum due to a combination of its small neutron
capture cross section, reasonable corrosion resistance, and struc-
tural integrity under envisioned operating conditions. Today, zirco-
nium alloy technology benefits from decades of active research and
development, enabling tailored alloy chemistries and production
techniques for optimized performance under pressurized or boiling
water reactor conditions. The ongoing development activities have
led to the introduction of new generations of zirconium-based
alloys that exhibit enhanced corrosion resistance while limiting
the detrimental irradiation effects (i.e., growth and creep) to those
that are frequently inconsequential to reactor operation [2]. As
summarized by Edsinger [3], these metallurgical enhancements,
combined with incremental improvements in management for
optimized reliability over the decades, have led to an impressive
record of fuel reliability for the current zirconium-alloy cladding.
To achieve this milestone, zirconium-alloy-cladded fuel produc-
tion, fuel bundle handling, core operation, and water chemistry
control have all been simultaneously optimized and improved over
this time period.

This manuscript reexamines iron-based alloys for their poten-
tial application as nuclear fuel cladding to replace zirconium alloys.
The motivation behind this effort is twofold. First, specific limita-
tions with zirconium alloys under both design-basis and beyond-
design-basis nuclear reactor accident scenarios provide incentive
to explore alternative cladding options that may enable improved
accident tolerance while maintaining good performance under
normal operating conditions. These limitations are perceived to
be serious, and therefore a renewed discussion is needed in the
technical and policy communities.

Secondly, several new generations of increasingly higher perfor-
mance steels are now commercially available that may offer signif-
icant performance improvements over the relatively simple
austenitic steels that were utilized as cladding in some early com-
mercial fission reactors [4]. Both alloy systems were successful in
their early application, although zirconium alloys ultimately

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.06.041&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.06.041
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prevailed largely owing to their reduced thermal neutron cross
section—a clear advantage over iron alloys for compact submarine
reactor application. Driven by the nuclear navy, the zirconium al-
loy system became the focus of significant R&D, resulting in alloys
with superior combined nuclear and corrosion performance and a
ready-made commercial infrastructure. Finally, superior stress cor-
rosion cracking resistance in BWRs drove the complete phase out
of stainless steel claddings. However, given the significant progress
over the past five decades in advanced steel making, including cor-
rosion-resistant steels (combined with our present understanding
of chemistry control and environmental effects), high-strength
steels, and the ability to form thin-walled tubing, it appears clear
that the commercial steels utilized in the early commercial reac-
tors can be significantly improved upon, much as the zirconium al-
loys were improved upon since the days of Rickover’s program.

A review of the limitations with the current zirconium alloy
system under design-basis and beyond-design-basis accident sce-
narios is offered. This review also provides simple metrics to guide
selection of new clad materials. Based on the findings of a recent
experimental survey of the high-temperature steam oxidation
kinetics of historic, present-day commercial, and advanced steels
[5], the potential to achieve higher margins of safety through
replacement of zirconium alloys with advanced iron-based alloys
inside LWR cores is showcased with a simplified set of analyses.
A review of earlier generation stainless steels as nuclear fuel clad-
ding in LWRs is provided and the anticipated performance of ad-
vanced iron-based alloys is briefly evaluated from a materials
and environmental performance perspective, focusing on irradia-
tion behavior, corrosion, and mechanical integrity under LWR nor-
mal operating conditions. Finally, the reactor physics
characteristics and the impact on economics of nuclear electricity
production upon adoption of advanced steel nuclear fuel cladding
is examined with a specific set of case studies. In this manner,
impactful areas for future targeted R&D in this area are identified
and a broad basis for consideration of these advanced cladding
concepts is provided.
ZrO
2

α-Zr(O)

β-Zr
2. Limitations with zirconium alloy cladding

Given decades of active research and development, today’s zir-
conium alloy cladding technology exhibits optimized behavior un-
der normal operating conditions where the fuel rod failure rate
(typically involving a localized breach of the cladding) is on the or-
der of a few ppm per year. Industry-led fuel reliability programs
with a long-term focus have resulted in dramatic reductions in
the number of fuel failures across the LWR fleet [6]. These
improvements in fuel performance are concomitant with the over-
all trend in the industry to push the fuel burnup and duty index1 to
higher levels [7]. The overall state of the remaining limitations of the
zirconium alloy cladding under normal operating conditions (given
the current power and burnup trends) is a secondary concern com-
pared to that of accident scenarios. The focus of this section is on the
latter.
200 µm
2.1. Limitations under postulated design-basis accidents

If one examines the regulatory requirements defining the reac-
tor design criteria, it quickly becomes obvious that a significant
portion are associated with specific performance limitations in
the zirconium alloy cladding system under accident scenarios.
Starting with design-basis accidents (DBA: postulated accidents
1 Fuel duty index is defined as the integral of the product of local average cladding
oxide layer outer surface temperature and time: FDI = 10�5R (Tave � 580)tdt, where the
temperature is in �F and time is in h.

Fig. 1. Optical micrograph of the cross section of a BWR 9 � 9 bundle geometry
Zircaloy-2 cladding specimen oxidized at 1200 �C for 2 h in 1 MPa steam.
that set the design criteria), two standard scenarios can be exam-
ined: loss-of-coolant accidents (LOCAs) and reactivity insertion
accidents (RIAs). In case of LOCAs, the current US regulatory lan-
guage limits peak clad temperature (PCT) to 1204 �C and equiva-
lent cladding reacted (ECR) to 17% of initial cladding thickness
[8]. Both of these limits are based on experiments performed on
unirradiated zirconium cladding and are specific to that alloy,
being driven by the susceptibility to excessive oxygen dissolution
in the remaining metal that will in turn result in a brittle material
in the post-quench condition [9]. Fig. 1 shows three distinct layers
across a Zircaloy-2 specimen oxidized isothermally at 1200 �C in a
high-pressure steam environment for 2 h. Details of the experi-
mental apparatus are provided elsewhere [10]. It is worth noting
at high temperatures (>1100 �C) the effect of steam pressure on
Zircaloy oxidation kinetics is negligible [11]. The cross section con-
sists of an oxide layer on the surface, followed by the oxygen-sta-
bilized a-Zr(O) layer, and the b-Zr phase in the center. The
remaining b-Zr layer is the only source of ductility in this partially
reacted cladding. At temperatures above 1200 �C, the increased
oxygen solubility in the b-Zr phase causes reduced ductility of this
layer in the post-quenched condition. Rapid oxide layer growth
and increased solubility of oxygen in the b-Zr phase at tempera-
tures above 1200 �C result in loss of ductility in the cladding and
constitute the regulatory basis pertinent to a design basis LOCA.

At higher burnups, however, cladding experiences further
embrittlement due to hydrogen absorption as a result of waterside
corrosion of the rod and hydride-phase precipitation. Recent stud-
ies show that the hydrogen present in the cladding lowers the
creep resistance and increases the extent of oxygen dissolved in
the metal during the oxidation phase [12–14]. These burnup ef-
fects collectively exacerbate ductility loss in the cladding in the
post-quench condition [15]. Accordingly new regulatory criteria,
DG-1263, have been proposed [16], based on previous observations
from in-cell tests [9], to take into account the effect of hydrogen
buildup in the cladding throughout the fuel operation lifetime
(Fig. 2).

In the case of RIAs, the basis for regulatory criteria dates back to
the 1970s and aims to set a maximum limit on energy deposition
in the fuel during the transient. The fuel failure mechanism under
an RIA is a function of burnup: at low burnups (<40 MWd/kgU),
post-departure from nucleate boiling (DNB) phenomena is limit-
ing, whereas at higher burnups, pellet-cladding mechanical inter-
action (PCMI) is the dominant failure mechanism [17]. The
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Fig. 2. Current regulatory limit on cladding oxidation [8] as well as proposed limits
to take into account the effect of hydrogen [9,16].
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energy deposition limits for fresh fuel rods (628 J/g of UO2) are set
based on early studies and are indeed very conservative for the
low-burnup regime. As burnup increases (>40 MWd/kgU), the
fuel-cladding gap disappears due to swelling of the urania pellet
and cladding creepdown. As was also mentioned, hydrogen
absorption in the zirconium during the fuel operation results in
embrittlement of the cladding. The combination of these two ef-
fects shifts the mechanism of fuel rod failure to PCMI under RIAs.
These effects have been studied extensively, and a new set of reg-
ulatory criteria have now been proposed to account for these
observations for higher burnup fuel (Fig. 3) [17,18].

Note that in both cases, for design basis LOCA and RIA, hydrogen
content can significantly limit cladding performance. Hydrogen is
absorbed in the zirconium alloy cladding predominantly as a result
of cladding oxidation by water. The atomic hydrogen that is the by-
product of that reaction may diffuse into the metal to dissolve in
the metal matrix (�15–20% of the amount produced). Therefore
any reduction in the extent of cladding oxidation (waterside corro-
sion) throughout the fuel operational lifetime (�5 years) directly
reduces the extent of hydrogen buildup in the fuel. Understanding
this relationship has largely shaped the basis of the approach taken
by fuel vendors to comply with newly proposed regulatory criteria:
introduction of zirconium alloys that exhibit slower oxidation
kinetics under normal operating conditions and therefore a lower
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hydrogen absorption rate. This trend is shown in Fig. 4, where a
reduction in cladding oxide thickness as a function of burnup is
apparent in the zirconium alloys developed over the past two dec-
ades (ZIRLO, M5, AXIOM alloys) compared to historic alloys such as
Zircaloy-4.
2.2. Limitations under beyond-design-basis accidents

A beyond-design-basis accident (BDBA) by definition cannot be
precisely defined, though it encompasses any accident scenario not
considered during the definition of the design characteristics for
the nuclear plant since the probability of its occurrence is deemed
too low (occurrence probability of <10�4 per reactor-year [22]).
However, in the interest of continuous improvement in the safety
of nuclear power plants, it is prudent to evaluate the consequences
of low-probability events such as what occurred at the Three Mile
Island and more recently at the Fukushima Daiichi power plants.
Considering BDBA accident scenarios where the clad temperature
exceeds the PCT limit of 1204 �C, the zirconium alloy cladding sys-
tem proves readily susceptible to severe degradation. This is spe-
cifically the case when cooling capability inside the core becomes
compromised and the cladding is exposed to high-temperature
steam for prolonged periods. The thermal hydraulic heat transfer
coefficient from the cladding outer diameter to the flowing water
coolant under normal operating conditions is on the order of
1 W/cm2 K [23]. The magnitude of this parameter could drop sig-
nificantly, as much as four orders of magnitude, under accident
conditions when the fuel is exposed to slowly flowing or stagnant
steam [23–25]. Due to the poor cladding-to-steam heat conduc-
tance, decay heat drives up the fuel temperature. Once the fuel
temperature reaches a sufficiently high value, zirconium under-
goes rapid oxidation in the high-temperature steam environment.
The exothermic zirconium-steam reaction is accompanied by an
exceptionally large enthalpy of oxidation (�586 kJ/mole Zr [26])
while also resulting in rapid hydrogen production. The enthalpy
production as a result of the oxidation reaction adds to the decay
heat generation inside the fuel to exacerbate the rate of tempera-
ture increase in the fuel. The Arrhenius dependence of the para-
bolic zirconium oxidation kinetics [27] implies the heat
generation due to steam oxidation of the zirconium cladding will
eventually surpass the decay heat generation in magnitude. Conse-
quently a rapid temperature excursion in the cladding is experi-
enced that results in oxidation of the entire cladding, given that
the conditions inside the core are not that of steam starvation.
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To estimate the evolution of temperature in the fuel during an
accident and to pinpoint the effect due to cladding oxidation, a
simplified analysis, adopted after Olander [28], can be performed.
More sophisticated analyses have been performed by Olander
[29] as well as others [30,31] and detailed computer codes to sim-
ulate the entire core and auxiliary systems under accident scenar-
ios exist [32,33]. The simplified analysis presented here is
sufficient to underline inherent limitations of zirconium alloy clad-
ding under BDBA scenarios. The high-level findings presented here
are in agreement with a more detailed full core analysis [34]. The
details of this methodology as well as the underlying assumptions
are outlined in Appendix A. At the start of the calculation, it is as-
sumed that the uniform temperature in the fuel and cladding is
910 and 900 �C, respectively. Cladding-to-steam heat conductance
and the steam temperature are assumed to be at constant values of
1.2 � 10�3 W/cm2 K and 900 �C, respectively, both of which are in-
deed simplified assumptions in this analysis. The results of the
analysis are particularly sensitive to the cladding-to-steam heat
conductance that spans a wide range of values and can be as high
as 10�2 W/cm2 K during a large break LOCA [24]. Steam tempera-
ture during accidents can vary over a broad range (few hundred
degrees to well over a thousand) and increases along with the clad-
ding temperature. A constant value of 900 �C steam temperature
was assumed as an appropriate average value for the purpose of
this simple analysis. The fuel geometry is assumed to be that of a
rod in a 17 � 17 pressurized water reactor (PWR) bundle operating
at 250 W/cm linear heat generation rate (LHR) under normal oper-
ating conditions.

Fig. 5 shows the calculated cladding temperature as a function of
time after it is exposed to steam in the core. The different curves
correspond to various periods of cooling after reactor scram with
an active emergency core-cooling system (ECCS) before it ceases
to function. In this simple analysis it is assumed that once the cool-
ing period has ended, all cooling capability is lost inside the core
and the fuel is exposed to 900 �C steam. At low temperatures
(<1200 �C), the slope of the curves is governed by the value of the
decay heat production term; for longer active core cooling periods,
the decay heat is reduced and the rate of rise in fuel temperature
upon exposure to steam (near adiabatic conditions) is smaller.
However, once the cladding temperature reaches above �1200 �C,
coinciding with the NRC-specified PCT under design basis LOCA,
the rate of temperature rise in the fuel rapidly increases. This rapid
increase is due to the very high zirconium alloy oxidation rate
above 1200 �C in steam combined with the large magnitude of
the zirconium heat of oxidation. This rapid temperature rise in
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the cladding quickly results in complete consumption of the zirco-
nium and release of a large amount of heat, and associated hydro-
gen, inside the core. In Fig. 5 the maximum cladding temperature
is lower for curves with longer active cooling periods since a higher
fraction of the metal undergoes oxidation at temperatures below
1200 �C. However, even after long active core cooling periods, rapid
enthalpy deposition and hydrogen production in the core as a result
of cladding oxidation are shown to take place within the framework
of this analysis. Note that during an actual accident, extensive core
degradation and relocation will be experienced before the peak
cladding temperatures shown in Fig. 5 are reached. Extensive re-
views of the set of physical and chemical degradation phenomenon
in the complex LWR cores are given elsewhere [35,36]. Also rod-
wall radiative heat transfer becomes an important means of energy
dissipation at such high cladding temperatures that increases the
magnitude of the overall heat transfer coefficient for the rod. In spe-
cial cases, steam starvation could occur that lowers the heat gener-
ation rate due to oxidation and results in dissolution of the oxide
layer on the surface of the cladding [27,29] and fuel bundle degra-
dation and relocation [37]. These factors are not considered in the
simplified analysis presented here.

It is useful to examine the two components of the LHR in the
fuel rod, one due to decay heat generation and the other as a result
of the oxidation reaction, as a function of time after the rod is ex-
posed. Fig. 6 shows the evolution in these two components as a
function of time along with the cladding temperature for the curve
in Fig. 5 with 8 h of active cooling. While LHR due to the decay heat
production (LHRdecay) in the fuel is undergoing a very slow decay
and is largely unchanged during the time period shown in Fig. 6,
the LHR as a result of cladding oxidation (LHRox) varies by many or-
ders of magnitude after fuel is exposed. At low cladding tempera-
tures, LHRox is orders of magnitude smaller than that of LHRdecay.
However, at �1200 �C, again coinciding with the NRC PCT limit,
the LHRox surpasses LHRdecay in magnitude and continues to in-
crease rapidly along with cladding temperature. In other words,
zirconium cladding oxidation in high-temperature steam environ-
ments with poor heat transfer to the gaseous phase is characteris-
tic of a self-catalytic process.

2.3. Limitations during used nuclear fuel disposition

One final area of importance is the susceptibility of zirconium
alloy cladding materials to deteriorate during used nuclear fuel
storage. Hydrogen that is present inside the cladding as a result
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of fuel operation in the LWR core precipitates to form zirconium
hydride platelets in the circumferential orientation. Once the fuel
rods are extracted from the storage pool and prior to transfer into
the dry cask storage units, they undergo a drying process to re-
move any water from the assemblies. Given the specifics of the
drying process, the temperatures can range between 250 and
400 �C. At higher temperatures, hydride dissolution takes place
due to the increased solubility of hydrogen in the metal matrix.
Upon cooling the hydrides will re-precipitate. However, the pres-
ence of large azimuthal stresses in the fuel due to the rod internal
pressure favors a radial orientation for these newly formed hy-
drides if the hoop stress is >75 MPa during cooling from 400 �C
[38]. The radial hydrides greatly increase the susceptibility of the
cladding to failure under stress that can result in the release of fis-
sion products into the cask. Localized corrosion of the failed fuel
rods due to the presence of any leftover moisture also poses a
threat to the integrity of the spent fuel bundles.

3. Gains in safety margins using advanced oxidation-resistant
iron-based alloys

In order to reduce the slope of the rapid temperature excursions
in the cladding and thereby gain valuable additional coping time
during severe accidents, the magnitude of LHRox needs to be sup-
pressed. One way to achieve this is to consider materials that exhi-
bit slower steam oxidation kinetics than zirconium alloys.

A recent set of experiments was undertaken to examine high-
temperature 1–20 bar steam oxidation behavior of a wide variety
of iron-based alloys and SiC-based materials with the results
benchmarked against standard zirconium alloys [5,10,39,40]. A
number of alloys exhibited promise and will undergo further
BDBA-relevant testing, and associated analysis. For this paper,
two alloy classes will be highlighted for discussion. The first alloy,
Kanthal APMT, is a ferritic alloy with the nominal composition of
Fe–22 wt.%Cr–5Al–3Mo. This alloy is one example of a class of alu-
mina-forming ferritic alloys that includes a wide range of Cr and Al
and oxide dispersion strengthened (ODS) variants with increased
creep resistance at high temperature. The other alloy selected for
discussion is a standard commercial austenitic 310 stainless steel:
Fe–25Cr–20Ni–2Mn. These alloys generically represent the two
major types of high-temperature oxidation resistant alloys distin-
guished by the type of protective surface oxide or scale formed
via selective oxidation: Al2O3 on APMT and Cr2O3 on 310SS.

High temperature oxidation protection, especially in steam, is
more readily and robustly accomplished by selective oxidation of
one bulk component of the alloy (Al or Cr) than via coatings. More-
over, a strategy where oxidation resistance is inherent to the alloy
offers complete surface (internal and external) protection against
steam attack and would avoid any spalling or corrosion issues dur-
ing service as well as cladding burst during accident conditions,
which may be problematic with coatings or composite structures.
A recent investigation of composite Zr-steel concepts showed high
temperature interdiffusion of Fe, Cr and especially Ni to be a signif-
icant issue [41].

Fig. 7 provides a comparison between the parabolic rate con-
stant in steam oxidation (kp) for zirconium alloys [26,27,42–45],
the historical 304 austenitic stainless steel [46,47], and recent data
for APMT and 310SS [5]. The details of the oxidation mechanism for
zirconium alloys at elevated temperatures have been studied at
great length and are available in the cited references. In short,
the reaction kinetics are limited by oxygen diffusion through the
growing oxide layers (ZrO2 and a-Zr(O)) thus resulting in the ob-
served parabolic behavior. For alumina-forming Fe-base alloys,
once a protective a-Al2O3 scale has formed, generally at tempera-
tures above 800 �C, the reaction is also limited by diffusion across
this layer, likely by the transport of OH� ions in steam [48].
In addition to the slower oxide growth kinetics shown in Fig. 7,
alumina-forming Fe-base alloys have an advantage in the presence
of H2O due to the higher stability of Al2O3 compared to Cr2O3 [49].
Austenitic steels such as 304SS and 310SS can experience acceler-
ated Cr loss and oxidation rates due to the formation of a volatile
oxy-hydroxide, CrO2(OH)2 which has linear kinetics. However, in
steam oxidation, little free O2 is present to form any oxy-hydroxide
and the accident time frame is too short for the associated para-lin-
ear reaction kinetics [50,51] to be of concern. Screening of various
chromia-forming ferritic and austenitic steels found that Cr con-
tents higher than 20% were needed for protective behavior in
steam at 1200 �C [5]. As will be discussed in a latter section this
would limit irradiation performance of these alloys.

Examination of Fig. 7 offers multiple insights that are essential
for the discussion presented here. First, the oxidation rates of var-
ious zirconium alloys (historic as well as recent alloys) in high-
temperature steam are very similar at temperatures >1050 �C,
above the region of susceptibility (�800–1000 �C) to breakaway
oxidation [9,45]. The various alloying elements in zirconium alloys
that play an important role during high-temperature water corro-
sion (300–500 �C) show little or no effect on oxidation at high tem-
perature. Although the historic 304SS steel cladding contains �18%
Cr, this alloy is unable to form a protective Cr-rich oxide in steam
at these temperatures, like 310SS with 25%Cr and 20%Ni. Thus, the
kinetics reflect the rapid formation of FeOx with oxidation rates on
the same order as that of zirconium alloys. On the other hand, the
magnitude of the parabolic oxidation rate constants for APMT and
310SS, are roughly two to three orders of magnitude lower than
what is observed for zirconium alloys.

A simplified calculation, given the framework discussed in
Appendix A, can now be performed to illustrate gains in safety
margins if a transition away from zirconium alloy cladding and to-
ward more oxidation-resistant materials is made. Fig. 8 shows the
evolution in fuel temperature once it becomes exposed to steam
for various magnitudes of oxidation rate. For this calculation the
Arrhenius dependence of the oxidation rate is conserved at what
is reported for zirconium alloys (84 kJ/mole Zr [42]) and only the
rate constant has been fractionally reduced in this parametric
study. Also the enthalpy of oxidation that governs the magnitude
of heat generation rate due to oxidation is fixed for steam
oxidation of zirconium; the magnitude of steam oxidation
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enthalpy for other materials such as iron alloys can be significantly
lower. Fig. 8 shows that with an arbitrary 50% decrease in oxida-
tion kinetics, the rapid temperature excursion in the cladding,
though delayed and shifted up to higher cladding temperatures,
still takes place in the absence of any cooling. However, if the oxi-
dation kinetics are reduced by one or two orders of magnitude, the
cladding temperature in this specific scenario will stabilize at
1300–1400 �C. This observation is specifically explained here by
the fact that the power generation in the fuel (sum due to decay
heat and oxidation) equilibrates with the magnitude of heat trans-
fer from the fuel to the steam phase. The predictions in this simpli-
fied calculation are overly optimistic since the steam temperature
is kept constant, and therefore an increase in cladding temperature
increases the magnitude of the temperature gradient across the
hydraulic boundary layer, consequently increasing the heat flux
away from the cladding. However, the salient observation is that
by lowering the heat generation rate associated with cladding oxi-
dation, the minimum necessary heat removal rate from the fuel
pins at high temperatures, required to avoid rapid temperature
excursions, is reduced. In this manner, the slow oxidation reaction
does not rapidly exacerbate the conditions in the core and the con-
comitant generation of hydrogen gas that increases the core pres-
sure is also delayed and reduced.

Once high-temperature excursions in the fuel rod are avoided
through utilization of materials that exhibit slower kinetics of
oxidation, rapid heat and hydrogen production in the core could
be potentially mitigated. Effectively, the critical heat removal lim-
it for the entire core will be reduced to that of decay heat produc-
tion inside the core, and any heat generation due to the oxidation
reaction that can exacerbate this limit becomes negligible. Note
that in case of short-term accidents (i.e., none or only a very short
active cooling period is available), decay heat generation inside
the core, even in the absence of the oxidation reaction, is suffi-
cient to result in severe core degradation. An example of such a
short-term scenario is the short-term station blackout (ST-SBO)
in Fukushima Daiichi Unit1 (0.92 h after reactor scram) [52].
However, in other scenarios with longer term cooling periods,
elimination of heat generation inside the core due to the oxida-
tion reaction can alter the outcome of the accident in its entirety.
An example of the latter is the long-term station blackout (LT-
SBO) at Fukushima Daiichi Unit 2 that managed intermittent
use of reactor core isolation cooling (RCIC) system until 66.8 h
after reactor scram [52].
4. Historical application of steels as LWR cladding

In the initial days of LWR deployment, austenitic stainless steels
were a popular choice for cladding material of UO2 fuel pins for
both experimental and commercial PWRs and BWRs [4,53–55].
The alloys utilized during the 1960–1975 time frame included
Types 316, 304, 304L, and 347 stainless steels (both cold-worked
and annealed), and nickel alloys such as Inconel 800 and Inconel
600 [4].

The earliest reported cladding failures occurred in the fuel pins
of numerous BWRs. For example, intergranular cracking occurred
in both annealed and cold-worked Type 304 cladding after only
500–1000 h of operation in the Vallecitos BWR [56]; further in-
stances of intergranular cracking were encountered in fuel pin
cladding in the Dresden-1, Big Rock Point, and Humbolt Bay BWRs
[57,58]. The highly oxidizing water conditions in BWRs with [O2]
on the order of �8 ppm, an astonishingly high value by today’s
standards, were identified as a primary factor involved in the initi-
ation of stress corrosion cracking (SCC). Other potential contribut-
ing factors included poor chemistry control (particularly
phosphorus and silicon, which enhance grain boundary embrittle-
ment), radiation hardening and early fuel pin designs, which pro-
duced high cladding stresses. The poor performance of stainless
steel cladding in BWRs led to a relatively rapid switch to zirconium
alloy cladding, which exhibited much lower fuel failure rates in
early Generation I BWRs. Fig. 9 summarizes the observed fuel fail-
ure (clad breech) behavior for zirconium alloy and stainless steel
cladding in BWRs and PWRs [4,59–63].

For the PWRs, a few early cases of intergranular cracking were
observed in components of experimental PWRs and test loops.
For example, intergranular cracking occurred in the annealed Type
304 cladding of burnable poison elements in the West Milton test
loop at the Knolls Atomic Power Laboratory (KAPL), the failures re-
sulted from internal stresses exceeding the yield strength in the
presence of high concentrations of hydrogen [54]. Longitudinal
cracks developed in the type 347 cladding in the PM-3A test reac-
tor in the region of maximum neutron dose and internal stress, and
in this instance cladding temperatures were high enough for
hydrogen to be generated via localized boiling [58].

Apart from these observations of hydrogen-assisted cracking
under extreme operating conditions of stress and temperature,
the performance of thin-walled (0.25 mm) stainless steel cladding
in the early PWRs was very satisfactory, with the lowest pin fail-
ure rate of any water-cooled reactor fuel [64,65], as shown in
Fig. 9. For example, during six cycles of operation at Yankee-Rowe
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(peak burnup of 45 GWd/MTU), only a single pin-hole cladding
leak was detected. Similarly at Trino (Italy) [65] only one to
two leaking fuel pins were detected during four operating cycles.
At the Indian Point reactor, during four cycles between 1966 and
1973, not a single assembly of stainless steel-clad fuel pins was
removed due to cladding leaks. Overall, the Westinghouse experi-
ence with stainless steel cladding in the period up to 1968 was
that for a total of �200,000 stainless steel fuel pins, the overall
defect level was approximately 1 in 104 [66]. For comparison,
the typical pin failure rate in zirconium alloy fuel in the early
1970s was about 0.1–0.3% for LWRs and CANDU reactors
[64,67] (cf. Fig. 9).

Although the early observations of corrosion-related cracking
in the stainless steel cladding exposed to BWR conditions were
the source of considerable concern, this was eventually overshad-
owed by the issue of neutron economy. The thermal neutron
cross section for stainless steel is a factor of �12–16 times higher
than that for Zircaloy, and the enrichment penalty incurred by the
use of stainless steel cladding became the primary driver for the
replacement of stainless steel cladding with Zircaloy cladding in
commercial reactors after �1970 (due to the acceptable fuel per-
formance for Zircaloy cladding in both BWRs and PWRs, and
gradual reductions in the fabrication cost for nuclear-grade Zirca-
loy tubing).

The early experiences with stainless steel in the BWR envi-
ronment were instrumental in alerting the nuclear community
to the existence of unexpected corrosion-related cracking mech-
anisms that could be encountered in light–water-cooled reactors.
Subsequently, irradiation-assisted stress-corrosion cracking (IAS-
CC) of core internals was encountered in a wide range of situa-
tions, and the international materials community embarked on
an ongoing effort to understand the mechanisms involved and
to develop strategies to circumvent the most damaging combina-
tions of operating conditions, materials compositions, micro-
structural evolution, and stress conditions. A large number of
mitigating variables have been identified including compositional
variations, starting microstructure, yield strength, radiation-in-
duced segregation, water chemistry, irradiation temperature,
dose rate, and dose [68]. Moreover, significant advances were
made in the control of reactor water chemistry. However, a full
understanding of IASCC is confounded by heat-to-heat and spec-
imen-to-specimen variability and the varying and complex nat-
ure of the radiation and chemical environment. Some
important general findings were recently presented by Chopra
and Rao [69,70].

Largely due to the impressive improvements in operating per-
formance of zirconium alloy clad fuel systems in LWRs under nor-
mal operating conditions [3] during the past 35 years (Fig. 9), there
have not been any significant research programs to investigate
alternatives to the traditional 300-series stainless steels (18Cr, 8–
12Ni) as potential high-performance materials for LWR cladding
or reactor internals. However, within the fossil and other advanced
energy programs significant advances have been made in high-
strength, oxidation-resistant steels. Moreover, the discovery of
the void swelling phenomenon in fast-reactor-irradiated Type
316 during the late 1960s led to the development of austenitic
steels and ferritic–martensitic steels with properties tailored spe-
cifically for the neutron environment. In many respects, these ad-
vanced iron-based alloys could provide attractive alternatives to
the conventional 300-series steels for application as fuel pin clad-
ding materials in LWRs. From a strength, corrosion, and embrittle-
ment standpoint, it appears that these advanced steels would
enable fabrication of cladding with thinner walls than that of zirco-
nium alloys, thus mitigating some of the neutronic penalty associ-
ated with their use.
5. Prospects for the utilization of advanced iron alloys in LWRs

Significant advances in both austenitic [71–73] and ferritic/
martensitic [71,72,74–77] steels have been achieved over the past
four decades since relatively simplistic austenitic steels were last
used as a fuel cladding material in LWRs. The typical cycle time
for the development of a new generation of steels is about 15 years
[72,74], which translates into approximately three to four genera-
tions of improved austenitic steels compared to the Type 304, 316,
and 347 stainless steels that were initially developed during the
first half of the 20th century and subsequently utilized in Genera-
tion I LWRs in the 1960s. Along with the development of new steel
compositions, dramatic improvements in commercial steel refining
and casting methods have been introduced since the 1970s that
enable better composition control and improved decarburization
techniques. In parallel with this steady improvement in commer-
cial steels, a remarkable improvement in the fundamental under-
standing of degradation mechanisms in steels such as SCC
(including irradiation assisted, IASCC, mechanisms) [68,78–83]
has occurred over the past 40 years; as noted in Section 4, stress
corrosion cracking was the major fuel pin failure issue in the early
Generation I reactors that utilized stainless steel cladding. There-
fore it is appropriate to reexamine the suitability of advanced
stainless steels (austenitic, ferritic, and martensitic grades) as po-
tential high-performance and accident-tolerant candidates for
LWR fuel cladding.

To facilitate the discussion of prospects for utilization of ad-
vanced iron alloys in LWRs, a review of fuel design criteria and
guidelines imposed on the zirconium alloy cladding is appropriate.
Design requirements for the fuel system are described in the NRC
Standard Review Plan (SRP) Section 4.2 (NUREG-0800) [17] and
are further manifested in other sets of federal regulatory codes
[8,84–86]. The ultimate objectives of the fuel system design with
respect to safety analysis are meant to ensure (a) the fuel system
is not damaged as a result of normal operation and anticipated
operational occurrences (AOOs), (b) fuel system damage is never
so severe as to prevent control rod insertion when it is required,
(c) the number of fuel rod failures is not underestimated for postu-
lated accidents, and (d) coolability is always maintained inside the
core. The fuel design evaluation process is a rigorous and iterative
task and is to be performed by the fuel vendors with their choice of
methodology. To perform such a comprehensive analysis for iron
alloy cladding is well beyond the current scope. The goal of this pa-
per is to simply point to the vast set of possible compositions and
material options in the family of iron-based alloys that may be
suitable for consideration as cladding. In the following, a brief re-
view of properties of general alloy categories of interest along with
a comparison with zirconium alloys is performed. Three major
material properties are discussed: unirradiated mechanical proper-
ties, irradiation effects, and corrosion behavior.

5.1. Comparison of unirradiated mechanical properties

Given that unirradiated mechanical properties are largely the
inputs to the fuel design evaluation analysis, these properties are
briefly reviewed for iron alloys and compared to zirconium alloys.
Specifically, unirradiated yield strength, relatively short-term
creep rupture data, and Young’s moduli are examined. Other
important properties such as fatigue behavior, fretting resistance,
or comparison of the wide range of thermophysical properties that
are design inputs are not considered here.

Fig. 10 provides a side-by-side comparison of the temperature-
dependent yield strengths of several alumina-forming ferritic al-
loys [87–89] as well as type 304 and 310 stainless steels [4,90]
with zirconium alloys [91–96]. As shown in the figure, the yield
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strength of unirradiated zirconium alloys spans a wide range of
values. This is largely dominated by the thermomechanical treat-
ment (TMT) of the cladding during fabrication (via pilgering),
which results in various grain sizes and degrees of cold-working
and recrystallization in the alloy [97]. Alloy composition (e.g., the
oxygen content) also affects this property. For instance Zircaloy-2
used for BWR applications, given corrosion considerations, is used
in the recrystallized (RXA) state with yield strength at the lower
end of the spectrum, as observed in Fig. 10. In contrast, the Zirca-
loy-4 in PWRs in the stress-relieved annealed (SRA) condition
exhibits much higher yield strength. This contrast coupled with
the larger diameter of the BWR fuel pins results in thicker cladding
requirements in BWR bundles based on the fuel design evaluation
process. It is worth noting that regardless of the initial metallurgi-
cal state, the yield strength of different irradiated zirconium alloys
increases to reach similar values after a modest fast neutron flu-
ence of �1 � 1024 n/m2 and in effect saturates at that value
[98,99]. This is shown in Fig. 10 for RXA Zirclaoy-2 and SRA Zirca-
loy-4 with 50% cold-work using PNNL yield strength correlation
[96] at a fluence of 8 � 1025 n/m2. The yield strength of irradiated
cladding drops rapidly at T > 600 �C, due to damage recovery via
thermal processes, to reach that of unirradiated zirconium alloys.

Just as TMT, alloy composition, and microstructure affect the
mechanical properties of zirconium alloys, the same is true for
iron-based alloys. All the alumina-forming FeCrAl alloys in
Fig. 10 are ODS variants (MA956 and PM2000) except the APM var-
iant, which shows a lower yield point at room temperature. Signif-
icantly higher yield strength values for PM2000 bar with a
different microstructure from the alloy in Fig. 10 are reported else-
where [100]. Similarly, the yield strength for 310SS in Fig. 10 is for
a fully annealed material. Considering the significant degree of
work hardening inherent to austenitic steels prior to necking,
introduction of cold-working is expected to increase the yield
strength (but limit ductility). This is shown in the figure by com-
parison between the annealed and cold-worked (CW) 304SS.

The feasibility of using significantly thinner iron alloy cladding
than what is currently utilized in zirconium alloy cladding LWR
fuel systems, in order to partially compensate for the higher neu-
tron absorption cross sections in the former, needs to be examined.
The viability of thinner steel cladding was demonstrated in the
1960s and 1970s era stainless steel cladding [4,101]. A full evalua-
tion of the potential optimized steel cladding thickness would need
to consider corrosion, grid-to-rod fretting, and other cladding reli-
ability issues. However, from a simple cladding yield strength
standpoint (Fig. 10), given potential improvements by alloy opti-
mization, steel cladding with significantly reduced thickness com-
pared to the current zirconium alloy cladding may be anticipated.
Also note that the thickness loss due to oxidation in zirconium al-
loys (Figs. 4 and 7) is expected to be significantly less for iron-
based alloys; this in turn also reduces the requirements on the ini-
tial cladding thickness.

For LOCA conditions, an important strength property is short-
term creep rupture strength. During a LOCA, zirconium alloy clad-
ding experiences burst in the temperature range of �700–1100 �C
(spanning over the a ? b transition point) due to the pressure dif-
ferential present from the cladding internal volume to the depres-
surized core environment [102]. Zirconium alloy cladding burst
has been modeled extensively [103,104] and is dominated by clad-
ding creep at those temperatures. After rod burst, maintaining coo-
lable core geometry is another important regulatory requirement
and has also been examined extensively. The results from the RE-
BEKA tests ultimately showed that flow blockage up to 90% does
not compromise coolability [105]. Fig. 11 summarizes 100 h ther-
mal creep rupture strength data for a similar set of materials as
Fig. 10. Despite its higher melting temperature than steels, the
high-temperature short-term creep rupture strength of Zircaloy-4
is lower than many of the iron alloys and it is further reduced once
hydrogen is absorbed into the alloy [12]. Conservative values, asso-
ciated with tube and sheet materials, have been used for iron alloys
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since for instance in ODS FeCrAl alloys the larger grain size in bar
specimens enhances the rupture strength by about an order of
magnitude. Note that the 3%Mo addition in APMT significantly en-
hances creep resistance compared to the APM variant. Both alloys
have quasi-ODS strength due to the coarse oxide dispersion formed
via the advanced powder metallurgy (i.e. APM) processing. Higher
creep resistance can facilitate thinner iron alloy cladding and en-
hance the burst margins under LOCA scenarios as was previously
demonstrated by 304SS type cladding [106].

Zirconium alloys have a relatively low elastic modulus (more
flexing for a given applied stress), which may exacerbate grid-to-
rod fretting issues associated with coolant-flow-induced vibrations
of the fuel assembly against the grid support plates. Young’s mod-
ulus for various zirconium alloys and along different crystallo-
graphic orientations has been studied and reported [111,112]. As
shown in Fig. 12, the Young’s modulus for zirconium alloys [96]
is roughly half the corresponding values for the iron alloys dis-
cussed here over a broad temperature range.
5.2. Irradiation effects on iron alloys for cladding application

A second important consideration is radiation effects on the
proposed iron alloy cladding systems. There is a broad database
on the effects of LWR irradiation on the mechanical and physical
properties of austenitic [68–70,113–118] and ferritic/martensitic
steels [74,119–126]. Overall, irradiation effects are not anticipated
to produce unacceptable property degradation for cladding appli-
cations. At normal LWR cladding operating conditions (Tirr -
� 300 �C and doses up to �15 dpa), the major radiation-induced
changes are associated with radiation hardening and embrittle-
ment. Neutron irradiation under these conditions can cause the
yield strength to quadruple for austenitic steels [113] and double
for ferritic/martensitic steels [125] compared to their unirradiated
value at 300 �C. The corresponding uniform elongation can de-
crease to values below 1% due to radiation hardening and plastic
flow localization phenomena during fission neutron irradiation
near 300 �C [127]. This reduction in uniform elongation in both
austenitic and ferritic/martensitic steels occurs after irradiation
to damage levels of several dpa; the reduction is somewhat more
pronounced in ferritic/martensitic steels. The hardening and
embrittlement for LWR cladding conditions is mainly due to for-
mation of dislocation loops and helium-containing cavities for
austenitic stainless steel [113] and dislocation loops and precipi-
tates for ferritic/martensitic steels [119,128].
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Phase instabilities associated with a–a0 phase decomposition
and the potential for accompanying embrittlement (historically
known as the 475 �C embrittlement issue) is a significant concern
for ferritic steels with Cr contents over �9% [129–131]. At
<475 �C, there is insufficient solute mobility for pronounced a0

embrittlement, and at higher temperatures even higher chromium
levels can be used without alpha0 embrittlement concerns due to
increased chromium solubility. The radiation-enhanced diffusion
during neutron irradiation near 300–400 �C can produce significant
alpha’ precipitation and embrittlement for matrix chromium lev-
els > 7% Cr, which corresponds to overall chromium concentra-
tions > 9%Cr (since 1–2% of the chromium is typically associated
with carbide precipitates purposefully formed during tempering)
[128]. Considering that chromium contents above �9%Cr are
needed to provide good oxidation resistance during prolonged
exposure to water or steam, ferritic/martensitic steels with �9%
Cr are a good compromise between oxidation resistance and radi-
ation embrittlement (a0 decomposition) resistance. According to
calculated phase diagrams [132], the addition of Al does not sup-
press the driving force for decomposition. Experimental results
from PM2000 (ODS FeCrAl) alloys annealed at 450–480 �C showed
clear a0 formation [133]. Potential embrittlement in steels associ-
ated with hydrogen pickup is a minor issue compared to the situ-
ation for zirconium alloy cladding, owing to relatively low
hydrogen solubility in steels [134,135].

In general, fracture toughness is not as important for cladding
(compared to reactor pressure vessel applications) due to the plane
stress loading conditions associated with thin wall tubing. Fracture
toughness is reduced in both austenitic [69,113,114] and ferritic/
martensitic [74,119–125] steels after neutron irradiation near
300 �C. However, experimental results indicate fracture toughness
values of at least �50 MPa m1/2 should be maintained at the clad-
ding operating temperature for irradiation doses up to at least
�20 dpa. Zircaloy-2 and -4 suffer pronounced reduction in ductil-
ity and fracture toughness as a result of both irradiation hardening
and hydride precipitation. Uniform elongation on the order of 1–5%
and total elongation up to 20% have been observed for Zircaloy fuel
rod cladding upon discharge [136,137]. For irradiated zirconium al-
loy cladding with modest hydrogen content fracture toughness,
values on the order of 20–50 MPa m1/2 are expected [138]. The
fracture toughness in irradiated Zircaloy falls to 12–15 MPa m1/2

if hydrogen concentrations approach 1000 wt ppm.
Dimensional changes due to void swelling or irradiation creep

in austenitic [117,118] and ferritic/martensitic [119,126] steels
are not expected to be of concern for LWR cladding conditions
(�300 �C, 15 dpa). The anticipated amount of dimensional change
based on experimental studies would be <1% and isotropic in nat-
ure. This was specifically showed for a Fe–22Cr–5Al–0.7Y alloy
irradiated up to 100 dpa [139]. Iron alloys will not be susceptible
to pronounced irradiation growth that is observed in zirconium al-
loys. This phenomenon occurs in zirconium alloy cladding tubes
due to the combination of anisotropic crystal structure and grain
orientation (texture) [140].

5.3. Corrosion considerations under normal operating conditions

The third major area to be evaluated is the corrosion behavior of
iron-based alloy cladding structures under normal operating con-
ditions in LWRs. There is significant LWR operating experience
on the behavior of austenitic stainless steel structural components
that have been in service for multiple decades [68,70,78–82].
Although the operating temperatures (280–290 �C) for these com-
ponents are slightly lower than the cladding, the generally favor-
able performance of austenitic core internal components during
decades of reactor operation suggests that corrosion and dissolu-
tion issues would not be significant. It should be recognized that



Table 1
Reference PWR 17 � 17 fuel bundle geometry [149].

Pellet OD (mm) 8.192 Clad thickness (lm) 572
Pellet-Clad Gap (lm) 83 Pitch-to-diameter 1.326
Clad ID (mm) 8.357 UO2 mass per assembly (kg) 611
Clad OD (mm) 9.500 Zircaloy clad mass per assembly (kg) 125
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the water chemistry trends and degradation management strate-
gies have evolved tremendously, resulting in current environments
drastically different from those up to the 1970s. Groundbreaking
strategies such as strict control of pH and chemistry, hydrogen
water chemistry (HWC), zinc additions, and cyclical, and subse-
quently online, Noble metal chemical addition (NMCA) procedures
in BWR and PWRs have resulted in a drop in oxygen potential by at
least an order of magnitude. Accordingly, significant drops in cor-
rosion potentials are achieved that fundamentally mitigate suscep-
tibility to SCC among other degradation mechanisms involving
corrosion.

IASCC that is observed in austenitic steels exhibits a well-
known dose threshold. The relatively limited dose requirements
(�15 dpa) for cladding applications along with the significant
drops in oxygen potentials alleviate many of the IASCC concerns.
Also, a transition away from 18–8 alloys to alloy compositions that
are potentially less susceptible has been made [68,70,78–
80,82].For ferritic alloys with sufficient Cr, corrosion in water or
steam at normal LWR operating conditions would not be expected
to be of concern. For example, the uniform corrosion rate of 9% Cr
ferritic/martensitic (a relatively low chromium content in the con-
text of the current discussion) steels in an aggressive environment
of supercritical pressurized water at 550 �C is less than 0.04 mm/
year [141]. Stress corrosion cracking of ferritic steels is generally
much less of a concern than in austenitic steels. Note that for the
FeCrAl class of alloys, the formation of an alumina film at the sur-
face under normal operating temperatures is not expected and pas-
sive protection is attributed to the presence of a chromia film. Pre-
oxidizing the cladding, as sometimes is performed on the lower
sections of zirconium alloy cladding, is not deemed appropriate
for FeCrAl alloys. Typically, temperatures >600 �C will be necessary
to produce an alumina scale. The scale is then susceptible to wear
or dissolution under normal operating conditions under which the
alumina scale will not reform. Radiation-induced segregation of
chromium under irradiation in ferritic alloys is not considered to
be an issue from the corrosion standpoint. However, it could be a
concern for grain boundary embrittlement or to initiate phase
instabilities.

5.4. Tritium transport

Tritium is produced via a multitude of pathways in LWRs, but
largely the production volume is dominated by ternary fission in
nuclear fuel (with a yield of �10�4 per fission) and neutron absorp-
tion by boron in the PWR primary coolant [4,142,143]. The amount
of tritium released from the fuel pellet into the cladding internal
volume is independent of the cladding type. However, the release
fraction from the historic 304SS and Zircaloy cladding differs
widely where the value resides at �50% and �1%, respectively. This
is largely due to the strong chemical affinity of zirconium for iso-
topes of hydrogen [144]: essentially the zirconium, which in the
process embrittles, serves as tritium storage medium.

Tritium released into the primary coolant rapidly reacts with
radiolysis products to form HTO and largely resides in the coolant
water. In current PWRs, tritium released from the fuel is on the or-
der of 10% of the total tritium content into the primary coolant; the
rest is due to the 10B(n,2a)3H reaction. An increase in tritium re-
lease from the fuel with iron-based cladding can rival the extent
of production as a result of neutron absorption by boron in PWRs.
In BWRs, where the sole significant source of 3H is the fuel, a small
fraction of tritium can be transported to the turbine via the gaseous
phase. Therefore, any increase in the extent of release from the fuel
will be directly proportional to the increase in the overall plant
dose. Note that hydrogen permeability of bcc iron alloys is known
to be higher than fcc variants [145]. The environmental and plant
management aspects of such an increase are beyond the scope of
this manuscript but deemed largely inconsequential given the
prior experience with steel cladding and modern radionuclide re-
lease management strategies from the core to the turbine in BWRs.
6. Reactor physics and economic aspects of iron-based alloy
cladding

Following high temperature steam oxidation behavior and ex-
pected materials performance under normal operating conditions,
two essential areas remain that need to be addressed for iron based
alloy cladding systems for LWR fuel elements: reactor physics and
economics. Though a neutronic penalty upon the transition to iron
based alloy cladding materials is expected, it is important to quan-
tify its magnitude and discuss alternate fuel design configurations
that reduce it. The magnitude of this penalty directly impacts fuel
economics that in turn needs to be examined and quantified to
serve informed and complete discussions on the viability this fuel
concept.

6.1. Reactor physics

A simplified single-pin (a single fuel rod) reactivity analysis has
been performed providing a comparison between current zirco-
nium-alloy-clad oxide fuel bundles and those with iron alloy clad-
ding using the TRITON module from the SCALE 6.1 package [146].
The details of the calculations are discussed and extensive results
are provided elsewhere [147]. Briefly, calculations were performed
with the ENDF/B-VII cross-section library using 238 energy groups.
Two-dimensional transport calculations were performed with the
NEWT transport code, which is coupled with ORIGEN-S to perform
depletion in the fuel as well as the cladding. The reference case in
the following calculations is that of a PWR 17 � 17 fuel bundle
with 4.9% enriched urania pellets, as shown in Table 1. Currently
high-power-density plants in the United States use 4.6–4.9% en-
riched fuel [148]. The UO2 fuel pellet density was fixed at 96% of
theoretical density (10.47 g/cm3). The same alloys identified for
the analysis in Section 3, the base FeCrAl alloy and 310 stainless
steel, were selected. The alloy compositions are listed in Table 2.

Fig. 13 shows the evolution in infinite multiplication factor (kinf)
as a function of effective full power days in fuel rods at the stan-
dard PWR 17 � 17 geometry with various cladding materials. A
clear neutronic penalty is shown associated with utilization of
the steel cladding materials owing to the larger neutron absorption
cross section in these materials. The reactivity penalty in case of
the ferritic FeCrAl alloy is less than that of 310SS owing to the ab-
sence of nickel in this material. Nickel exhibits a thermal neutron
absorption cross section roughly twice that of iron. Meanwhile,
the presence of nickel results in production of radioactive cobalt
via the 58Ni(n,p)58Co reaction. At a constant core power density,
this drop in reactivity corresponds to a significant reduction in
operational cycle length. Therefore, modified bundle geometries
with iron-based alloy cladding materials are necessary to enhance
their reactivity and enable them to achieve similar cycle lengths as
that of the reference bundle design with Zircaloy cladding.

To conserve cycle lengths at constant operational power, the
end-of-cycle (EOC) reactivity needs to be maintained constant at
what is achievable for reference fuel bundles. To enhance the



Table 2
Composition in mass fraction (wt%) of evaluated cladding materials.

Alloy Fe Cr Al Zr Ni Sn Mn Mo Si ra
a (barns)

FeCrAl 75 20 5 0 0 0 0 0 0 2.43
310SS 52.5 25.2 0 0 19.5 0 1.9 0.13 0.7 3.21
Zircaloy-4 0.15 0.10 0 98.75 0 1.50 0 0 0 0.20

a Average thermal neutron absorption cross section for the alloy.

0 200 400 600 800 1000 1200 1400

0.80

0.85

0.90

0.95

1.00

1.05

1.10

1.15

1.20

1.25

1.30

1.35

273 days

k
in

f

EFPD

Zircaloy

FeCrAl

310SS

198 days

Fig. 13. kinf versus effective full power days in fuel rods at the standard PWR
17 � 17 geometry with various cladding materials.

430 K.A. Terrani et al. / Journal of Nuclear Materials 448 (2014) 420–435
EOC reactivity in bundles with iron-based alloy cladding, three
separate approaches can be considered: increase the fuel enrich-
ment, minimize the clad thickness, or increase the fuel mass inside
the core. The first implies that the current geometry for the fuel
bundle is conserved while the fissile material density per unit vol-
ume of the core is increased by increasing the 235U enrichment. The
second and third are coupled in that as the clad thickness is re-
duced, for a given gap, that surrendered space can accommodate
additional fuel while fixing 235U enrichment at a constant value.
Note that the outer diameter, fuel clad gap, and the pitch-to-diam-
eter ratio of the fuel rods are fixed at the standard PWR 17 � 17
geometry to avoid the need to consider thermal hydraulic com-
plexities. It is worthwhile to note that yet another approach,
although ignored here, is to increase the fuel pellet stack height
in the rod. This was in fact a method used for the Connecticut Yan-
kee Nuclear Power Plant (CYNPP) when it utilized 304L stainless
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Fig. 14. EOC infinite multiplication factor difference against benchmark Zircaloy clad fue
fuel.
steel as fuel cladding [101]. The fuel stack height for the 304L clad
rods were roughly 1.6% taller when compared to the rods with Zir-
caloy-4 clad and the clad thickness was substantially less (nomi-
nally 419 lm steel compared to 686 lm Zircaloy). Use of
stainless steel cladding as thin as 300 lm has been reported [4].
The ability to use thinner clad would be enabled both by the higher
strength of the steel and by its enhanced corrosion performance
(retained strength with operation) as discussed in Section 5.1.
The reduced steel thickness (and stack height) not only mitigated
the neutronic scavenging impact of the clad but enhanced the
overall core fuel loading substantially (411.5 kg U/assembly for
the steel clad compared to 363.8 kg U/assembly for the Zircaloy).

Fig. 14 shows the contour map of the variation in EOC Dkinf

against the benchmark Zircaloy-clad UO2 fuel (the benchmark case
is fuel geometry specified in Table 1 with 4.9% enrichment). A three
batch scheme was used during this analysis and details are re-
ported elsewhere [147]. The EOC Dkinf is mapped as a function of
both cladding thickness and fuel enrichment to combine the two
approaches detailed earlier. When the difference in EOC infinite
multiplication factors is zero, the implication is for identical cycle
lengths to the benchmark case. Given the inherent assumption in
all these calculations that core output power is constant, positive
and negative deviations in EOC Dkinf correspond to longer and
shorter cycles, respectively. Reduction in cladding thickness to
�300 lm with its associated increase in fuel pellet diameter at
constant fuel enrichment of 4.9% is necessary to maintain the cur-
rent cycle lengths, assuming no stack-height or other geometric
change. At the alternate extreme, by maintaining the existing (Zir-
caloy-based) geometry and solely increasing fuel enrichment, an
increase of �1% in 235U content is necessary. In reality, given that
the previous (circa 1970) state of the art utilized a rather low-per-
formance, 419 lm steel, it would be assumed that a present-day
clad could be significantly thinner than the 419 lm steel cladding
used in CYNPP, combined with some stack height adjustment
potentially eliminating the need for increased enrichment. In any
event, only modest enrichment above today’s standard is
anticipated.
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6.2. Economics

The magnitude of increase in the fuel bundle cost due to the in-
crease in the required low enriched uranium (LEU) mass (i.e., larger
pellets) and higher enrichment in the fuel is necessary to estimate
the impact on the economics of nuclear electricity production upon
adoption of iron-based alloys as nuclear fuel cladding. The consid-
eration here is limited to oxide fuel pellets, and it is assumed that
the fabrication cost of pellets is independent of the enrichment and
geometry (variation in the diameter) of the cylindrical pellet. Note
that the cost of retrofitting current oxide fuel fabrication facilities
to accommodate slightly higher enrichment uranium is not consid-
ered here. Also any reduction or increase in cost by switching from
zirconium alloy to iron-based alloy cladding is similarly ignored.
The analysis used to estimate the increase in fuel bundle cost as
a function of increase in low enriched uranium (LEU) mass and
enrichment is detailed in Appendix B. Fig. 15 shows the magnitude
of increase in normalized assembly cost (against the reference de-
sign at 4.9% enrichment) as a function of cladding thickness and
enrichment. Superimposed on this figure are the lines from
Fig. 14 that correspond to the zero EOC Dkinf between the iron
and zirconium alloy clad bundles. The increase in fuel bundle cost
for the iron alloy cladding is estimated to be on the order of 15–
35% when compared to the current zirconium alloy/urania fuel
bundles.

From an economic standpoint and ignoring mechanical integ-
rity requirements, given the findings in Fig. 15, the preferred
route to enhance reactivity in the iron-based alloy clad assem-
blies is to minimize the cladding thickness. As was discussed,
iron-based alloys offer higher strength and therefore a significant
reduction in cladding thickness compared to existing zirconium
alloy cladding appears feasible. The cladding outer diameter in
both cases was 10.72 mm. Meanwhile, note that fuel costs in
the US commercial nuclear power fleet comprise 28% of the elec-
tricity production cost [150]; the rest are attributed to operations
and maintenance (O&M). As shown in Fig. 15, upon adoption of
iron-based alloy clad fuel, an increase in fuel costs between 15%
and 35% is expected. Accordingly, an increase on the order of
4–10% in the total electricity production cost is to be expected
(ignoring retooling costs for cladding fabrication, and assuming
comparable fuel failure rates).
7. Conclusions

The following conclusions are drawn given the discussion pro-
vided in this manuscript:

1. Zirconium alloys are fundamentally susceptible to severe deg-
radation under beyond-design-basis-accident conditions. The
chemical and physical degradation processes in the core during
an accident sequence are considerably exacerbated by rapid
oxidation of zirconium alloys at T > 1200 �C.

2. Advanced iron alloys offer potential for improved oxidation
resistance (reduced hydrogen generation) and improved
strength compared to existing zirconium alloy cladding up to
at least 1300 �C; both of these attributes are desirable in terms
of improved accident tolerance and would favorably contribute
to increased coping time in a beyond-design-basis-accident
scenario.

3. Though iron-based alloys have enjoyed decades of active R&D
across various disciplines, targeted research is necessary to
evaluate the application of advanced variants of alloys from this
family for LWR cladding and develop scalable alloy designs
optimized for this application. Particularly, stress corrosion
cracking behavior (including irradiated-assisted effects) and
other embrittlement and degradation processes for candidate
alloys in LWR environments need to be examined. In similar
manner, integral LOCA and RIA behavior of these fuel structures
needs to be evaluated.

4. Assuming fixed cladding and fabrication costs, The increased
UO2 mass or increased 235U enrichment needed to offset high
neutron absorption by the iron alloy cladding would result in
a modest (�4–10%) increase in electricity production costs,
ignoring retooling costs and assuming comparable fuel failure
rates.
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Appendix A. Fuel/cladding temperature evolution calculation

A simplified analysis is used, adopted after Olander [28], where
the radial distribution of temperature in the fuel and cladding, oxy-
gen diffusion profile into the cladding, and oxidation of the clad-
ding in contact with the fuel have all been ignored. The first
assumption is effectively inconsequential to this analysis since
the magnitude of the temperature gradients in the fuel and clad-
ding due to decay heat generation is very small (�5 K/mm) in
the absence of the fission reaction. The latter two assumptions
introduce only negligible errors in the calculation as well. The sim-
plified transient heat equation in the fuel is given by

ðpR2
F ÞðqCpÞF

dTF

dt
¼ LHRdecay � ð2pRFÞhFCðTF � TCÞ: ðA1-1Þ
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RF, q, Cp, and hFC are the fuel radius, density, heat capacity, and the
thermal conductance between the fuel and cladding, respectively.
The product of q and Cp is the volumetric heat capacity, and its va-
lue for the urania fuel pellet in this calculation is assumed constant
at 3.2 J/cm3 K. While the temperature dependence of this parameter
can be captured via detailed correlations provided elsewhere [151],
it is ignored here since it only experiences a variation of ±10% in the
wide temperature range examined here. hFC is governed by the nat-
ure of fuel-cladding contact and is a function of burnup; its magni-
tude can span a wide range. In this analysis a value of 0.03 W/cm2 K,
representing a very poor state of conductance, is assumed, although
much larger values (up to 2 W/cm2 K) can be the case if the fuel is
tightly bonded to the cladding [23,152]. The exact magnitude of this
value happens to be irrelevant to the results of this analysis since
heat transfer phenomena in the fuel and cladding have a much lar-
ger dependence on the cladding-to-steam heat conductance. The
latter is at least two orders of magnitude smaller than hFC; evident
of the near-adiabatic conditions in the fuel during LOCAs. LHRdecay is
the linear decay heat production in the fuel that is a function of time
after reactor scram. A good approximation for LHRdecay, ignoring the
negligible effect of burnup on short-term decay heat generation rate
[153], is provided as [154]

LHRdecay ¼ 9:5� 10�2LHR�ðt þ t�Þ�0:26
: ðA1-2Þ

The above equation implies that instantaneously after reactor
scram, the LHRdecay is 9.5% of the LHR during normal operating con-
ditions (LHR�). Also, its value decays as a function of time with the
power dependence specified. t� is the time elapsed from the onset of
reactor scram up to the point that marks the start of the oxidation
analysis. More sophisticated methods to estimate decay heat pro-
duction in the fuel [155], although available, have not been used
in the current simplified model that is intended to convey general
trends in fuel assembly response, but could be utilized in the future
in a more sophisticated computational model.

In a similar manner to what was described for the fuel pellet,
the transient heat equation in the cladding is written as

ð2pRCdCÞðqCpÞC
dTC

dt
¼ LHRox þ ð2pRFÞhFCðTF � TCÞ

� ð2pRCÞ�hðTC � TstÞ: ðA1-3Þ

RC, dC, �h, and Tst are the cladding outer radius, cladding thickness,
heat conductance term between the cladding outer radius and
steam, and steam temperature, respectively. Tst is assumed to be a
constant value of 900 �C; indeed, this is the most simplistic assump-
tion in this analysis. Note that the radiation heat transfer mecha-
nism has been ignored altogether in this simplified analysis. The
volumetric heat capacity (qCp) in the cladding is assumed to be
fixed at 2.3 J/cm3 K. This assumption ignores the variation in this
parameter upon a–b phase transformation in the zirconium alloy
cladding at �900 �C and once the oxide phase has formed. LHRox

is the linear heat generation rate due to enthalpy production as
the cladding oxidation proceeds and is given by

LHRox ¼ 2pRCqzrH
dl
dt

� �
; ðA1-4Þ

where qzr, H, and l are the zirconium density in the oxide phase
(4.2 g/cm3), energy of formation of zirconium oxide per unit mass
of zirconium as a result of steam oxidation (6.45 � 103 J/g), and
oxide layer thickness, respectively. Given that the kinetics of the zir-
conium oxide layer growth is controlled by oxygen diffusion
through the oxide layer (parabolic kinetics), the oxide layer thick-
ness as a function of time at constant temperature is given by

l2 ¼ kox

qox

� �2

t þ l2
� : ðA1-5Þ
qox is the density of oxygen in the zirconia layer (1.48 g/cm3), and l�
is the initial oxide layer thickness. kox, as was discussed in Section 3,
is the parabolic rate constant of the zirconium oxidation reaction in
steam. Using the Cathcart–Pawel correlation [42], the kox in g/
cm2 s1/2 is given as

kox ¼ 6:02� 10�2 exp
�83:6 ½kJ�

RT

� �
: ðA1-6Þ

One can define the parabolic oxidation parameter K as

K ¼ kox

qox

� �2

: ðA1-7Þ

The rate of oxide layer growth at any temperature is then given by

dl
dt
¼ K

2
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
Kt þ l2

�

q : ðA1-8Þ

Therefore the LHR of oxidation at any constant temperature and as a
function of time at that temperature, given an initial oxide layer
with thickness of l�, is determined by

LHRox ¼ pRqzrH
Kffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

Kt þ l2�

q : ðA1-9Þ

Using Eq. (A1-9), LHRox is calculated at each time step given the cal-
culated oxide thickness and temperature. Given these simplified
equations and set of parameters, a numerical approach is used to
calculate the evolution in the fuel and cladding temperature after
the core becomes exposed. The numerical method utilized here is
that of the explicit Euler’s route with sufficiently short time-steps
(0.01 s) to minimize the error in the solution.

Appendix B. Increase in fuel cost as a function of an increase in
LEU mass and enrichment

Fuel cost (FC) is composed of two components of uranium and
fabrication costs as follows:

FC ¼ U þ Ff : ðA2-1Þ

The uranium related costs, U, consist of four components:

U ¼ Um þ Uc þ Ud þ Ue; ðA2-2Þ

where subscripts m, c, d, and e denote uranium milling/mining, ura-
nium conversion, depleted uranium (DU) disposal, and uranium
enrichment, respectively. Ff represents the fuel fabrication cost that
is on the order of $250 and $300 per kg of LEU for PWR and BWR
fuel, respectively [156]. Assuming fabrication costs remain unal-
tered, the uranium costs can be somewhat accurately calculated gi-
ven the final mass of LEU in the fuel bundle and its enrichment
level. Uranium milling/mining, conversion, enrichment, and DU dis-
posal are commercially available services with a known market
price (albeit variable with time). The required mass of natural ura-
nium feedstock per fuel bundle, mass of depleted uranium to be dis-
posed, and the separative work unit (SWU) can all be calculated
using the well-developed theory of uranium enrichment [157].
The SWU required for an enrichment process that feeds in mass F
of uranium at enrichment xF and produces an LEU mass of P with
xP enrichment leaving behind mass T of DU waste with xT fraction
of remaining 235U is given by

SWU ¼ P � vðxPÞ þ T � vðxTÞ � F � vðxFÞ; ðA2-3Þ

where the value function v(x) is given by

vðxÞ ¼ ð1� 2xÞ ln 1� x
x

� �
: ðA2-4Þ
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Using this methodology, Fig. 16 shows the variation across the re-
quired initial natural uranium feed, the depleted tailings stream
mass, and the SWU required per unit mass of LEU at different
enrichment levels. The U-235 content in the natural uranium feed
and inside the depleted uranium waste stream are assumed to be
0.711% and 0.3%, respectively. All the values are normalized against
that of the case for 5% U-235 enrichment.

The variation in the normalized values shown in Fig. 16 could be
used in conjunction with the set of cost parameters from a refer-
ence fuel bundle to calculate the costs of new UO2 fuel bundles
with larger pellet diameters and enrichments. The reference fuel
bundle considered here is the AP-1000 17 � 17 PWR fuel assembly.
Given the LEU mass per bundle (Table 1) and assuming 4.9% fuel
enrichment, Eq. (5) can be used (along with the law of conservation
of mass) to calculate the required mass of natural uranium (Nat-U),
the magnitude of the DU stream, and the extent of SWU for the ref-
erence bundle. Accordingly, 538 kg of LEU at 4.9% enrichment in
the reference bundle requires 6031 kg of Nat-U feed, results in
5492 kg of DU tailing stream, and inputs 3774 SWU. The total
assembly cost is estimated using the uranium mining/milling
priced at $75/kg of Nat-U, uranium conversion at $10/kg of Nat-
U, enrichment at $110/SWU, DU disposal at $11/kg of DU, and
PWR fuel fabrication at $250/kg of LEU [156] to result in
$1.123 M. Using this reference value, the unit price of various fuel
fabrication activities, and variation in the required Nat-U, SWU,
and DU tailings stream from Fig. 16, the cost of new fuel bundles,
containing different mass and enrichment of LEU, is calculated.
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Oxidation experiments were conducted at 1200 �C in flowing steam with tubing specimens of Zircaloy-4,
317, 347 stainless steels, and the commercial FeCrAl alloy APMT. The purpose was to determine the oxi-
dation behavior and post-quench ductility under postulated and extended LOCA conditions. The para-
bolic rate constant for Zircaloy-4 tubing samples at 1200 �C was determined to be k = 2.173 � 107 g2/
cm4/s, in excellent agreement with the Cathcart–Pawel correlation. The APMT alloy experienced the
slowest oxidation rate among all materials examined in this work. The ductility of post-quenched sam-
ples was evaluated by ring compression tests at 135 �C. For Zircaloy-4, the ductile to brittle transition
occurs at an equivalent cladding reacted (ECR) of 19.3%. SS-347 was still ductile after being oxidized
for 2400 s (CP–ECR � 50%), but the maximum load was reduced significantly owing to the metal layer
thickness reduction. No ductility decrease was observed for the post-quenched APMT samples oxidized
up to 4 h.

Published by Elsevier B.V.
1. Introduction

Fuel rod cladding is the first barrier for retention of fission prod-
ucts in light water reactor (LWR) cores where the structural integ-
rity of the cladding ensures safe operation of the reactor and
coolable core geometry. The Zr alloys have been used in LWRs
for past decades primarily due to their low thermal neutron
cross-section. The main areas of research and development for zir-
conium alloy cladding have been focused on decreasing the water-
side corrosion rate and hydrogen pick-up under normal operating
conditions to increase the operational economy and safety margin
[1,2]. The high-temperature steam oxidation behavior of zirconium
alloy cladding under design basis loss of coolant accidents (LOCA)
and over a broader set of conditions has been studied extensively
in the past and has been found to be independent of minor alloying
elements [3–11]. The recent earthquake and tsunami that over-
whelmed the Fukushima plants, where three of the cores essen-
tially experienced beyond design basis accidents, resulted in
partial core meltdowns. The exposure of zirconium alloy cladding
to high temperature steam resulted in production of a significant
amount of heat and hydrogen gas that exacerbated the accident
resulting in a more rapid pressure build-up in the containment,
hydrogen explosion, and fission product release.

One approach for improving the safety margins during accident
scenarios is to replace the current zirconium alloy cladding with
iron based alloys that offer slower steam oxidation kinetics. A de-
tailed discussion on the motivations and considerations upon
adopting such an approach is offered in a companion paper in this
journal [12]. Separately, the results from a broad study mapping
the oxidation behavior of a wide range of iron alloys and compar-
ing them to the benchmark case of zirconium alloys have also been
provided [13,14]. In this work, a series of two-sided steam oxida-
tion tests have been conducted on tubing specimens of Zircaloy-
4 and select iron-based alloys at high temperature (1200 �C), fol-
lowed by ring compression testing (RCT). In this manner, candidate
iron-based alloy cladding materials with low steam oxidation rates
and low ductility loss under design basis LOCA conditions, when
compared to zirconium alloys, have been identified and examined
side-by-side. As the Equivalent Cladding Reacted (ECR) is used for
the current LOCA licensing criteria (10 CFR50.46) on the Zr alloys,
we use ECR for other materials in order to compare their oxidation
behavior to Zircaloy-4.
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Table 1
Alloy compositions in percent mass fraction.

Alloy Fe Zr Ni Cr Al Mo Mn Si C O Other

Zircaloy-4 0.22 98.2 – 0.11 – – – 0.01 0.016 0.118 1.27Sn
317L SS 64.2 – 11.86 18.9 – 3.13 0.62 0.38 0.023 0.006
347 SS 68.9 – 9.97 17.5 – 0.16 1.8 0.66 0.04 0.007
APMT 69 0.1 0.12 21.6 4.93 2.77 0.1 0.53 0.03 0.049 0.12Y,0.16Hf

Note: These data were analyzed compositions by combustion methods.

Fig. 1. Summary of the temperature histories for the steam oxidation tests for the
hold time 31, 303, and 872 s at 1200 �C.
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2. Experimental procedure

The materials tested for this work were Zircaloy-4, Stainless
Steel (SS)-317L, SS-347, and APMT alloy; a commercial oxide dis-
persion strengthened (ODS) FeCrAl alloy. The composition of the
various alloys is provided in Table 1. The APMT tubing specimens
were prepared from the iron-based alloy rods by drilling out the
center. Specimen dimensions of all samples tested in this work
were those characteristic of a 17 � 17 PWR fuel rod array: outer
diameter (OD) of �9.50 mm and wall thickness of �0.57 mm. Test
specimens were 25.00 mm long. Before the oxidation test, the
diameter of each sample was measured with a caliper to an accu-
racy of ±0.03 mm. Sample weight measurements were conducted
before and after each test using a balance with an accuracy of
±0.0001 g.

A 121.9 cm long resistance furnace was used for the steam oxi-
dation test. The test chamber consisted of a quartz tube containing
the sample and the flowing steam. Steam, at near-atmospheric
pressure, flowed through the quartz-tube with a mass flux of
5.2 ± 0.5 mg/cm2/s. A thermal benchmark test was conducted at
1200 �C in flowing steam using a monitor Type-S thermocouple
strapped to the sample and the alumina sample-holding boat.
The ramp times to reach the hold temperature are short compared
to the hold times at these temperatures. The average cooling rate
from the hold temperature to the 800 �C quench temperature
was �12 ± 2 �C/s. The temperature–time curves were used to cal-
culate the Cathcart–Pawel (CP) predicted weight gain (WG) and
equivalent cladding reacted values [4].

After oxidation, 8 mm rings were sectioned from the oxidized
samples for the RCT to evaluate the post-quench ductility. The
samples were compressed radially using an Instron 6589 at a
crosshead speed of 0.033 mm/s. Load–displacement data were re-
corded by the companion software. Tests were conducted at
135 �C by heating inside a furnace.
3. Results

3.1. Oxidation behavior

Fig. 1 shows the temperature histories for the three tests with
Zircaloy-4 at 1200 �C used for baseline data. The plots represent
the recording of the type-S monitor thermocouple. The uncertainty
in this thermocouples about 2 �C when compared to a NIST cali-
brated type-S thermocouple at the maximum oxidation tempera-
ture (1200 �C). The onset of the high-temperature hold (Dt = 31,
303, and 872 s) is set 60 s after the samples being ramped to the
pre-heat temperature by insertion into a preheated furnace. In
addition to these plots, more tests were conducted for longer times
(up to 14,400 s).

The oxidation times were determined using the Cathcart–Pawel
(CP) equation described in Ref. [4]. This weight gain model was
integrated over the actual temperature history, including the ramp,
to generate a best-estimate model prediction of the weight gain
during tests [5]. The model was again used to determine the time
at the steady temperature to generate the same weight gain as was
calculated for the actual temperature history.
Table 2 is a summary of measured weight gain and ring com-
pression results for oxidized Zircaloy-4 and others alloys tested
for different times. The sample weight gains determined from the
total change in sample weight before and after the test. The Zirca-
loy-4 cladding samples were oxidized at 1200 �C for times having
CP calculated ECR up to 41%, and the other alloy samples were oxi-
dized for longer times. It was found that some oxide layer flaked off
SS-347 oxidized for 2400 s and SS-317 for 7200 s. The measured
weight gain for Zircaloy-4 samples is in good agreement with the
CP-predicted weight gain, as shown in the inset of Fig. 1. For iso-
thermal oxidation at 1200 �C, the parabolic rate constant deter-
mined by the measured weight gain, k = 2.173 � 107 (g/cm2)2/s,
in excellent agreement with CP-coefficient k = 2.185 � 107 (g/
cm2)2/s [4].

From a comparison of the weight gain of tested samples (see
Fig. 2), SS-317 and APMT showed much better oxidation resistance
than Zircaloy-4 and SS-347 under the 1200 �C steam environment.
In particular, the oxidation rate of APMT was extremely low. For
the samples tested for 1600s, the weight gains of SS-317 and APMT
were 3.6 mg/cm2 and 10.3 � 10�2 mg/cm2 respectively, compared
to 24.7 mg/cm2 for Zircaloy-4. Recent studies indicate that a
slow-growing alumina surface oxide forms during the steam oxi-
dation of the APMT [13–15], which shows promise for the highest
temperature accident conditions for a nuclear reactor core. How-
ever, more extensive evaluation of its properties is needed, consid-
ering the other properties that affect in-reactor materials
performance.
3.2. Post-quench ductility

Following the oxidation tests, ring compression tests were per-
formed at 135 �C to evaluate the ductility of the oxidized samples
[7,16]. A uniaxial compression of the samples yielded load–dis-
placement curves which were analyzed by the traditional offset-
displacement method used in analyzing tensile-test data. The off-
set displacement, determined from load–displacement data, was



Table 2
Sample weight gain measurements and ring compression test results for samples oxidized at 1200 �C and Quenched at 800 �C.

Materials Target hold
time (s)

Measured WG
(mg/cm2)

CP–WG
(mg/cm2)

Measured
ECR (%)

CP–ECR
(%)

Measured sample
OD (mm)

Offset hoop
strain (%)

Permanent hoop
strain (%)

Zircaloy-4 31 4.41 4.33 7 7 9.50
Zircaloy-4 233 10.13 10.52 16 16 9.50 3.8 1.6
Zircaloy-4 303 11.75 11.94 18 18 9.49 3.1 1.0
Zircaloy-4 378 12.53 13.23 19 20 9.49 2.5 0.8
Zircaloy-4 872 17.59 20.17 27 31 9.49 0.5 0.4
Zircaloy-4 1600 24.66 26.62 38 41 9.49 – –
SS 317 303 1.27 11.94 2 18 9.50 >35 –
SS 317 872 2.16 20.17 3 31 9.50 >35 –
SS 317 1600 3.60 26.62 6 41 9.50 >35 –
SS 317 2400 4.56 32.46 7 – 9.50 >35 –
SS-317 7200 3.53a – – – 9.51 >35 –
SS 347 303 5.23 11.94 8 18 9.50 >34 –
SS 347 872 24.4 20.17 38 31 9.53 >34 –
SS 347 1600 38.5 26.62 59 41 9.50 19 –
SS 347 2400 48.2a 32.46 – – 9.50 8.4 –
APMT 378 8.9 � 10–2 11.94 14 � 10�2 18 9.51 >35 –
APMT 872 10.3 � 10�2 20.17 16 � 10�2 31 9.51 >35 –
APMT 1600 10.3 � 10�2 26.62 16 � 10�2 41 9.47 >35 –
APMT 2400 13.7 � 10�2 32.46 21 � 10�2 – 9.48 >35 –
APMT 7200 12.4 � 10�2 – – – 9.49 >35 –
APMT 14,400 11.0 � 10�2 – – – 9.49 >35 –

a Some oxide layer flaked off.

Fig. 2. Oxidation kinetics at 1200 �C in accordance with the measured sample
weight gain at 1200 �C.
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normalized to the as-fabricated outer diameter (9.50 mm) to give a
nominal plastic hoop strain. Testing was stopped when a consider-
able load drop was seen, which was taken as an indication of crack-
ing. The post-test diameters along and normal to the loading
direction were measured directly and compared to the pre-test
diameter to give a direct measure of permanent strain.

Fig. 3 shows the RCT results for Zircaloy-4 (Fig. 3a), SS-347
(Fig. 3b), and APMT (Fig. 3c). For ease of comparison, multiple
load–displacement curves are placed on a single graph for different
alloys. The curves are shifted along the x-axis but reflect the max-
imum load and change in displacement. For Zircaloy-4, displace-
ment and maximum load clearly decrease as the ECR increases.
Based on the criterion that standard offset strains >2% imply duc-
tility [7], the Zircaloy-4 oxidized at 1200 �C is still ductile for
ECR � 19.3% (t = 378 s), but the offset strain of the sample oxidized
for 872 s was reduced to about 0.5% (Table 2 and Fig. 3a), indicating
that the sample became completely brittle when exposed to the
steam (in just under 15 min). Metallography was performed on Zir-
caloy-4 samples oxidized at 1200 �C. High magnification micro-
graphs at the eight circumferential locations confirmed uniform
oxide layer thicknesses on both the outer surface and inner surface.
The oxide layer thicknesses were measured and were in excellent
agreement with the CP-calculation of the steam oxidation for Zir-
caloy-4 [4].

The plots for SS-347 clearly demonstrate the reduction in duc-
tility that accompanies longer oxidation times (Fig. 3b). However,
the offset strain of the SS-347 sample oxidized for 2400 s was still
P8.4%, indicating the sample still remained ductile. In addition the
maximum loads of the RCT for SS-347 were significantly reduced
when the oxidation time increased. Metallography was performed
on all SS-347 samples oxidized at 1200 �C. The measurements indi-
cated that the metal layer thicknesses for the samples oxidized for
303, 872, 1600 and 2400 s were reduced to 427, 286, 156 and
76 lm respectively, which is consistent with the maximum load
decreasing shown in Fig. 3b. The inset of Fig. 3b shows a micro-
graph of the SS-347 oxidized for 2400 s. It appears that the metal
layer sandwiched by the oxide layers remains ductile for the oxi-
dized SS-347. This is the case since while zirconium exhibits an
exceptionally large solubility for oxygen [17], oxygen solubility
in ferritic and austenitic iron alloys is exceptionally low [18]. Con-
sequently the drastic changes in mechanical properties of the
remaining metal layer that occur in zirconium alloys as a result
of oxygen uptake during steam oxidation are absent for Fe alloys.
Similar observations have been made in the past on 304L tubing
specimens oxidized in steam [19].

Fig. 3c show that there was very little change for the RCT results
for APMT samples steam-oxidized at 1200 �C for up to 4 h, which is
well beyond the design basis LOCA test conditions. The shapes of
the plots almost remained the same, and no ductility reduction
was observed for any of the oxidized APMT samples examined in
this work. Fig. 3d shows a RCT comparison of APMT, SS-347 and
Zircaloy-4 samples oxidized at 1200 �C for 872 s (equivalent to
CP–ECR = 30%). Clearly, the APMT sample performs the best in
the high temperature steam environment.
4. Conclusions

Post-quench ductility studies were conducted with Zircaloy-4,
SS-317, SS-347, and APMT cladding samples at temperatures of
1200 �C, followed by cooling to 800 �C and then a water quench
at room temperature for the purpose of determining the weight-
gain coefficient and determining ductility under two-sided clad-



Fig. 3. Ring-compression load–displacement data for (a) Zircaloy-4 oxidized to 872 s, (b) SS-347 oxidized to 2400 s, (c) APMT oxidized to 14,400 s, and (d) comparison of
Zircaloy-4, SS-347 and APMT oxidized to 872 s.
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ding steam exposure to simulate the design basis LOCA conditions
and beyond. The following conclusions were drawn from the
results:

(1) Two-sided oxidation studies have been conducted on
17 � 17 Zircaloy-4 cladding exposed to steam at 1200 �C
for hold times ranging from approximately 30 to 1600 s.
The results from the tests have been analyzed and compared
to the CP correlation predictions for weight gain. The
parabolic rate constant is in excellent agreement with the
CP model predictions. The weight-gain coefficient at
1200 �C determined by the measured weight gain is
k = 2.173 � 107 (g/cm2)2/s.

(2) Other candidate cladding materials, such as SS-317, SS-347,
and APMT were oxidized under the same test conditions as
the Zircaloy cladding, but for much longer times that were
well beyond design basis LOCA conditions. The APMT sample
showed the slowest oxidation rate among all materials
examined in this work; its oxygen pickup was very small
for the test time up to 4 h at 1200 �C.

(3) The ductility of post-quenched samples was evaluated by
RCT. Generally speaking, the displacements and maximum
loads gradually decrease for Zircaloy-4 and SS-347 as the
oxygen pickup increases as a result of the increase in test
time. For Zircaloy-4, the ductile to brittle transition ECR is
about �19.3%. SS-347 was still ductile after being oxidized
for 2400 s (CP–ECR � 50%), but the maximum load was
reduced significantly due to the metal layer thickness reduc-
tion.SS-317 does not show a ductility decrease for the sam-
ples tested up to 7200 s. No ductility decrease was observed
for the post-quenched APMT samples oxidized up to 4 h.
(4) This work was mainly focused on the material performance
under proscribed accident conditions. It is widely accepted
that the selection of future candidate materials should con-
sider the other properties that affect in-reactor materials
performance as well, such as the neutron absorption cross
section, thermal conductivity, thermal expansion, melting
point, phase transformation behavior, corrosion resistance,
and high-temperature oxidation rate. More studies on the
cladding candidate materials are under way, the results of
which will be reported in the near future.
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Molybdenum has recently gained attention as a candidate cladding material for use in light water
reactors. Its excellent high temperature mechanical properties and stability under irradiation suggest
that it could offer benefits to performance under a wide range of reactor conditions, but little is known
about its oxidation behavior in water vapor containing atmospheres. The current study was undertaken
to elucidate the oxidation behavior of molybdenum in water vapor environments to 1200 �C in order to
provide an initial assessment of its feasibility as a light water reactor cladding. Initial observations
indicate that at temperatures below 1000 �C, the kinetics of mass loss in water vapor would not be
detrimental to cladding integrity during an off-normal event. Above 1000 �C, degradation is more rapid
but remains slower than observed for optimized zirconium cladding alloys. The effect of hydrogen–water
vapor and oxygen–water vapor mixtures on material loss was also explored at elevated temperatures.
Parts-per-million levels of either hydrogen or oxygen will minimally impact performance, but hydrogen
contents in excess of 1000 ppm were observed to limit volatilization at 1000 �C.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

Development of new light water reactor (LWR) cladding
variants that possess enhanced resistance to oxidation during off-
normal conditions has gained attention following the events at
Fukushima in 2011. A range of concepts have been proposed,
including coatings for traditional zirconium-based cladding alloys,
thin walled ferritic alloys constructed around the iron–chromium–
aluminum (FeCrAl) system, or more non-traditional cladding
materials such as silicon carbide. Each of these systems possesses
varying degrees of attractiveness, as well as challenges to deploy-
ment, when judged from the perspective of industry. Enhanced
resistance to oxidation under conditions representative of a loss
of coolant accident (LOCA) has driven the advocacy of many of
these proposals. The specific reactor type, accident scenario, and
candidate fuel-cladding system dictate the details of the antici-
pated LOCA conditions [1,2]. In general, the oxidation resistance
of a candidate cladding system is experimentally judged according
to its performance at temperatures from 1000 to 1500 �C under
atmospheres containing predominantly steam with minor partial
pressures of hydrogen, oxygen, or nitrogen to simulate the coolant
chemistries of specific reactors [3,4].
Resistance to high temperature oxidation in steam environ-
ments is only one of many key material performance challenges
placed upon a successful LWR cladding material [5]. Qualification
of a next-generation LWR cladding system that exhibits superior
oxidation resistance to the thermochemical conditions anticipated
of a LOCA would represent a meaningful advancement to the field.
Yet the cost incurred by vendors and operators in development and
deployment of a new cladding must be matched by performance
gains if it is to see broad implementation.

Two broad avenues exist through which enhancements to LWR
cladding can positively affect normal operation. Improvements of-
fered in the following areas to augment improved oxidation resis-
tance at elevated temperatures would greatly improve the
business case justifying the time and expense necessary to devel-
op, license, and deploy any new cladding technology. First, any
means by which fuel failures, i.e. a breach of cladding during oper-
ation that results in the release of fission products into the coolant,
could be reduced would be attractive. However, the improvements
made by industry in this area over the past few decades leave little
margin for significant gains. Secondly, performance enhancements
that facilitate fuel operation to higher burnup could justify invest-
ment through reduction to future operating costs. Currently, oxida-
tion and hydriding of conventional zirconium alloys serve to limit
their service life by degrading the mechanical properties of the
cladding, giving rise to both severe deformation and an increase
in fuel failures. Materials or alloys that avoid these mechanisms
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of degradation could serve as a pathway to extended fuel cycles,
reducing operator refueling downtime.

Molybdenum is one such candidate for a next-generation clad-
ding material that could offer benefits across multiple areas rele-
vant to LWR performance to high burnup. Foremost, it exhibits
superior creep resistance and retains significant mechanical
strength at temperatures above 1500 �C [6] owing to its high melt
point (2600 �C). More importantly, it retains acceptable properties
under neutron irradiation [7], although the majority of existing
data has been collected under irradiation conditions relevant to
fast reactor and fusion applications. Embrittlement following low
temperature irradiation and the resulting increase in the ductile-
to-brittle transition temperature (DBTT) has been a historic
concern in use of molybdenum in irradiation environments [8],
but recent studies have identified means of restricting this degra-
dation through refinement of grain size or use of nanostructure
oxide inclusions [9]. The thermal neutron cross section of molyb-
denum is higher than that of zirconium, but the penalty to neutron
economy could be partially overcome through a reduction in the
cladding thickness facilitated by its enhanced mechanical proper-
ties. Demonstration of thin walled molybdenum tubing capable
of a maintaining fully hermetic seal around the fuel would require
development and qualification of suitable fabrication and joining
techniques, and is presently under investigation.

Many of the above benefits can be directly related to hypothe-
sized performance at high burnup, predominantly with respect to
wear resistance relevant to grid-to-rod fretting and retention of
strength and resistance to deformation following prolonged expo-
sure to elevated temperatures. However, the oxidation resistance
of molybdenum is unknown under the thermochemical stimuli
expected during steady state and possible transient reactor opera-
tions. Successful service as reactor cladding requires prolonged
exposure to pressurized water at temperatures below 400 �C. Eval-
uation of the potential offered by molybdenum when judged by
accident tolerant metrics requires consideration of its response to
water vapor and hydrogen at temperatures in excess of 1000 �C.
Performance when subjected to oxygen rich atmospheres is also
relevant when considering a possible core breach, off-normal con-
dition during transportation, or eventual used fuel storage.

This study was undertaken to explore the performance of
molybdenum under both normal operating conditions and proto-
typic of those expected during a LOCA and station blackout. Molyb-
denum has long been anecdotally known to suffer aggressive
material loss during exposure to oxygen at high temperatures,
but few studies have investigated its performance in derivative
oxidizing environments. The primary goal of this work was thus
to explore the degree to which historic observations made in oxy-
gen-rich atmospheres translate to water vapor and water vapor/
hydrogen environments, and interpret these findings with respect
to the potential of molybdenum or its alloys as an LWR cladding
material.
2. Review of oxidation performance of molybdenum

Previous investigations executed to elucidate the oxidation
behavior of molybdenum were prompted by exploration of its suit-
ability for aerospace applications. These results conclusively dem-
onstrated exceedingly poor oxidation performance. Aside from the
occasional fundamental examination, oxidation of molybdenum
has received minimal further interest. It is worth noting that the
oxidation of molybdenum disilicide (MoSi2) has received extensive
attention given its excellent resistance to high temperature oxida-
tion [10]. A functionally-graded cladding that takes advantage of
the toughness and mechanical properties of molybdenum metal
or one of its alloys but features a MoSi2 outer coating for high
temperature oxidation performance may be a system that war-
rants future investigation but is not the focus of the current study.

The few studies that have explored the oxidation of molybde-
num in oxygen identify four critical temperature regimes of oxida-
tion [11,12]. Below 450 �C, an adherent passivating oxide forms.
The temperature range of 500–700 �C marks the transition region.
Depending upon the partial pressure of oxygen available to the
system, volatilization of MoO3 may or may not dominate system
response. MoO3 possesses a vapor pressure of 6.08 � 10�6 atm at
600 �C, which increases to 4.69 � 10�4 atm at 700 �C [13]. Molyb-
denum trioxide then melts at just below 800 �C and boils at
roughly 1150 �C [13]. The point at which MoO3 liquefies upon for-
mation marks the beginning of the third regime, which extends to
the point at which the oxidation of molybdenum will immediately
form a volatile species above 1150 �C.

Experimentally, the above regimes are typically manifested as
only two distinct regions. Weight gain is generally observed at a
rate that can be approximated through a parabolic fit at tempera-
tures below 600 �C. Conversely, conditions above 700 �C are found
to result in sample weight loss. The rate of mass loss increases
drastically with temperature due to the transition from solid to
liquid MoO3 above 800 �C. Oxidation studies at conditions per-
formed above this point in oxygen containing environments report
that material loss occurs at a rate that is directly proportional to
the availability of oxygen to the molybdenum surface [12]. For
example, literature values for material loss due to oxidation at
1000 �C in an oxygen partial pressure of 0.1 atm approach 2 mg/
cm2 s [11].

The above results seem to suggest that molybdenum would per-
form poorly as a reactor cladding material. However, the critical
unknown is how the kinetics exhibited during oxidation in se-
verely oxidizing environments translate to those relevant to a
LOCA. The fundamental physical properties of the system will re-
main unchanged; volatilization of MoO3 is anticipated to dominate
the response, and exposure to conditions above its melting point is
likely to greatly affect system response. However, the degree to
which oxidation of molybdenum in water vapor compares to pre-
vious observations carried out in air will dictate whether molybde-
num can be considered a candidate accident tolerant cladding.
3. Experimental procedure

Two separate experimental methods were used in the current
study. First, autoclave testing was performed in order to assess
the stability of molybdenum in prototypic BWR (boiling water
reactor) or PWR (pressurized water reactor) coolant chemistries
at standard operating conditions over extended time intervals.
Second, thermogravimetric analysis (TGA) was used to explore
the response of molybdenum to 100% H2O as well as H2O–O2 and
H2O–H2 mixtures at temperatures up to 1200 �C for up to 4 h time
intervals. This test was designed to study the response of molybde-
num to conditions representative of those that an LWR cladding
would be exposed to during a LOCA. The specific procedures used
for each test are outlined below.
3.1. Autoclave testing

A high temperature-high pressure autoclave was used for eval-
uating the corrosion rate of molybdenum under representative
reactor operating conditions. Specimens of pure molybdenum
tubes (12.7 mm diameter, 12.7 mm height, 0.76 mm wall thick-
ness) were polished on all surfaces using 600-grit emery paper
lubricated with water. All test specimens were then rinsed ultra-
sonically with high purity water and weighed prior to insertion.
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The testing system consisted of a one liter stainless steel auto-
clave, a heat exchanger, a high pressure pump (Model 7120, Lapp
Pulsafeeder, Rochester, New York), and a conditioning glass col-
umn for controlling water chemistry. Water in the loop was puri-
fied through a demineralizer, an organic removal column, and a
sub-micron filter before passing into a 3.78 L conditioning column.
The water was equilibrated with appropriate mixtures of nitrogen,
oxygen, and hydrogen to establish the desired water chemistry.
Oxygen (FAM Oxytrace, Swan Analytical Instruments, Wheeling,
Illinois) and hydrogen (Orbisphere 26322, Hach, Loveland, Colo-
rado) monitors were used for measuring the dissolved gas content
in the inlet and outlet streams.

Tests were performed in simulated BWR water chemistry con-
taining 1.0 part-per-million (ppm) O2 (BWR–NWC) or 0.3 ppm H2

(BWR–HWC) at 290 �C, and in a simulated PWR primary water
chemistry containing 3.5 ppm H2 at 330 �C. A refreshed high purity
water loop ensured controlled chemistry and H2 fugacity during
testing.
3.2. Thermogravimetric testing

Molybdenum sheet (Eagle Alloys, 99.9%) was used in the cur-
rent study for TGA testing. The 0.25 mm molybdenum sheet was
sectioned into rectangles nominally 5 � 15 mm in size. Measure-
ment of the precise surface area of each sample was performed
prior to testing by measuring each edge using a digital micrometer
with an error of ±0.1 mm. The samples were then immersed in ace-
tone and then cleaned using methanol and lint-free wipes. The ini-
tial mass of each sample was obtained using a balance (XP205,
Mettler-Toledo, Columbus, Ohio) calibrated to ±0.1 mg.

Thermogravimetric analysis was performed using a specially
configured commercial instrument (STA 449 F3, Netzsch Instru-
ments, Selb, Germany) coupled with a water vapor generator and
gas mixing system used to obtain the desired thermochemical test-
ing condition. The protective tube, sample holder, and all other fix-
turing inside the TGA were alumina. The sample temperature was
monitored using a Type-S thermocouple located directly beneath
the sample platform. The water vapor delivery lines and all fixtur-
ing in the TGA were maintained above 200 �C at all times using
backing heaters to avoid complications induced by adsorption of
water on internal surfaces. The sample chamber was evacuated
and backfilled a total of three times to limit the impact of atmo-
spheric oxygen on the measured oxidation. The final of the three
steps utilized a turbo pump to obtain pressures below 10�3 mbar.
Argon passed through a copper oxygen getter (2A, Centorr Vacuum
Industries, Nashua, New Hampshire) was used to backfill the
chamber after each evacuation as well as to surround the sample
during heating to the test temperature. An inline zirconia oxygen
sensor (RapidOx OEM447, Cambridge Sensotec, St. Ives, United
Kingdom) was used to monitor the oxygen content in the gas being
delivered to the sample chamber as well as to verify the stability of
the water vapor mixtures being delivered to the sample. The get-
tered argon maintained an oxygen partial pressure below
10�15 ppm for all experiments performed here.

Four sample atmospheres were used in the current study. First,
oxidation studies were performed in synthetic air (20% oxygen car-
ried in argon), chosen to provide a comparison to the limited data
available in the literature. The synthetic air mixture used for this
study was flowed at 200 mL/min during the isothermal test peri-
ods. Second, 100% water vapor1 at atmospheric pressure using a
high precision vapor generator (ASTEAM DV2MK, Bronkhorst High
Tech Instruments, Ruurio, The Netherlands). Water vapor flowed at
1 Due to the altitude of Los Alamos, 100% water vapor equates to a pressure of
approximately 0.78 atm.
5.26 g/h through a heated transfer line held at 200 �C before reaching
the oxygen sensor and backing heater held at 600 �C. The vapor then
passed through a series of alumina baffles maintained within 100 �C
of the test temperature before reaching the sample chamber.

The two final thermochemical conditions produced for this
study were oxygen and hydrogen-containing water vapor mix-
tures. Although it is likely that the majority of any oxygen present
in a BWR coolant chemistry would be consumed by hydrogen gen-
erated by both the cladding as well as other in-core components
during the early stages of a LOCA, understanding the effect of small
quantities of oxygen on the oxidation of candidate cladding
materials could be important in other off-normal scenarios. This
is particularly true of molybdenum, where its performance in
high-oxygen environments is poor. The gas mixing system used
in conjunction with the water vapor generator was used to inject
1 ppm oxygen to the water vapor to explore this effect at select
temperatures.

Three hydrogen/water vapor environments were generated in
the same way to explore the opposite effect. The inclusion of small
amounts of hydrogen is not only more representative of the cool-
ant chemistry in certain reactors, but is also clearly the anticipated
thermochemical evolution during a LOCA, as high temperature
water vapor begins to oxidize in-core components to free hydro-
gen. Three separate hydrogen/water vapor mixtures were included
in this study: 100, 1000, and 10,000 ppm H2.
4. Results and discussion

4.1. Autoclave testing

The results of the autoclave testing are shown in Fig. 1. The ef-
fect of oxygen potential on the observed weight loss is readily
apparent. The PWR water chemistry containing 3.57 ppm H2

exhibits much slower weight loss than the 0.3 ppm H2 BWR test.
Finally, the oxygen-containing autoclave test revealed significant
weight loss at one month of testing whereupon testing of this con-
dition was discontinued.

A more detailed analysis with interrupted testing and charac-
terization of the resulting microstructure is needed to fully ascribe
precise mechanisms to the observed long-term behavior. However,
it appears probable that dissolution of the base material is enabled
through oxidation. The growth kinetics of the oxide would
Fig. 1. Weight loss measured for molybdenum samples exposed to autoclave
testing performed over several months.
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decrease as hydrogen is added to the system. The baseline perfor-
mance of molybdenum under steady state operating conditions ap-
pears to be acceptable for short exposure periods for the two
hydrogen-containing water chemistries studied here if judged only
according to an ability to retain clad thickness. Long term service of
pure molybdenum is still in question, as corrosion products could
perturb coolant chemistry outside of acceptable limits.
4.2. Thermogravimetric analysis of molybdenum oxidation in synthetic
air

Fig. 2 displays results for experiments performed at varying
temperatures in a synthetic air environment. In this atmosphere,
molybdenum displays primarily linear oxidation behavior below
650 �C. The data obtained below 650 �C exhibited good agreement
with previous low temperature molybdenum oxidation studies
[11]. In addition to the data plotted in Fig. 2, tests were executed
at 400 �C. The weight change at 400 �C was within the error of
the technique and as such is not shown. Extended testing consist-
ing of oxidation executed over tens of hours is necessary to verify
the oxidation kinetics at these lowest temperatures. Although not
overly significant to reactor operation, resistance to oxidation in
air at these temperatures must be fully understood in order to
evaluate possible transportation and used fuel storage scenarios.

In the temperature range of approximately 650–750 �C, both
oxidation of molybdenum to MoO3 via the below reaction and vol-
atilization of the MoO3 occur simultaneously.
Moþ 3
2

O2 ) MoO3 ð1Þ

The increasing importance of MoO3 volatilization is evident in
the positioning of the 650 �C weight gain curve below that ob-
served at 600 �C. At 650 �C the oxidation kinetics still dominate
compared to the volatilization rate, but the volatilization is signif-
icant enough to depress the overall weight gain. The curve ob-
tained for 700 �C exhibits exhibits clear paralinear behavior. The
kinetics are initially governed by oxidation of the molybdenum,
exhibited by the weight gain in the first 30 min of the experiment.
A steady state is then reached such that the combined effects of the
Fig. 2. Weight change measured for molybdenum samples exposed to synthetic air
at a range of temperatures. Only a small fraction of data points for each temperature
are plotted for clarity.
species diffusion for additional oxide formation and MoO3 loss due
to volatilization equate to the overall weight loss rate measured.

Finally, the last two temperatures investigated at 800 �C and
1000 �C display extremely rapid weight loss, hypothesized to result
from the formation of liquid MoO3 with an accompanying increase
in vapor pressure. Both the 800 �C and 1000 �C runs were termi-
nated following establishment of a clear linear weight loss in order
to avoid excessive volatilization within the sample chamber.

Bartlett executed an extensive investigation of the oxidation
behavior of molybdenum above 1000 �C as a function of the sup-
plied partial pressure of oxygen [12]. Above 1300 �C, molybdenum
was lost at nearly 1 mm per hour even under the lowest oxygen
partial pressure examined, a pO2

of 10�6 atm. As the oxygen avail-
ability increases, Bartlett reports increasing loss rates up to a tem-
perature of nearly 2000 �C. Above this temperature, the effect of
pO2

does not appear to increase loss above a pO2
of 10�2 atm. Mate-

rial loss under these conditions was observed to plateau at roughly
0.5 mm per minute. This response is not likely to be overly signif-
icant to service as LWR cladding, but it is important to understand
that molybdenum will exhibit very high volatilization rates if ex-
posed to oxidizing environments at high temperature.
4.3. Thermogravimetric analysis of oxidation in water vapor

The weight change measured for samples exposed to a 100%
H2O environment is plotted in Fig. 3 for temperatures ranging from
600 to 1200 �C. Measurements were again performed for tempera-
tures of 400 and 500 �C, but no deviation outside the error of the
instrument was observed following a four hour test. Extended test-
ing performed over tens of hours would be necessary to evaluate
the kinetics under these conditions.

The absolute weight loss values plotted in Fig. 3 are significantly
lower than those plotted in Fig. 2. The oxidation kinetics of molyb-
denum is indeed significantly retarded when H2O is the oxidizing
medium, as opposed to oxygen. The reaction governing the oxida-
tion involves the same metallic reactant and product. However, as
oxidation must progress with water vapor, hydrogen is an addi-
tional product.
Moþ 3H2O ) MoO3 þ 3H2 ð2Þ
Fig. 3. Weight change measured for molybdenum samples exposed to 100% water
vapor at a range of temperatures. Only a small fraction of data points for each
temperature are plotted for clarity.



Fig. 4. Weight change measured for molybdenum samples exposed to water vapor
and 1 ppm oxygen at 800 and 1000 �C. Only a small fraction of data points for each
temperature are plotted for clarity.

Fig. 5. Calculated material loss rates observed during testing at 1000 �C as a
function of hydrogen content.
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The production of hydrogen during steam oxidation of cladding
has recognized importance to LOCA evolution. Examination of Eq.
(2) reveals an additional concern that must be considered in dis-
cussion of the accident tolerance of molybdenum cladding. Con-
ventional zirconium cladding alloys produce two moles of
hydrogen per mole of zirconium consumed in formation of ZrO2.
This increases significantly in the oxidation of molybdenum; three
moles of hydrogen are now produced per mole of molybdenum
consumed in formation of MoO3. The degree to which this is a con-
cern is dictated by the rate of oxidation and the total quantity of
material consumed. The drive to maintain neuronic performance
would likely require that significantly less molybdenum is present
in the core compared to the reference zirconium case; this could
limit the concern posed by increased hydrogen production per
mole of base material.

The effect of gas flow rate was also investigated in a preliminary
manner. As discussed above, the rate of material loss is strongly
dictated by the availability of oxygen during oxidation at very high
temperatures. This effect in water vapor was probed by increasing
the water vapor flow rate to roughly double that used for the full
matrix. Temperatures from 700 to 1000 �C were investigated, and
it was found that the loss rates increased significantly. The material
loss rate measured at 700 �C increased from 0.04 to 0.30 lm/h, the
rate measured at 800 �C increased from 0.20 to 0.80 lm/h, the rate
measured at 900 �C increased from 0.40 to 1.1 lm/h, and the rate
measured at 1000 �C increased from 1.2 to 2.7 lm/h. This suggests
that a very strong pressure effect is present in the oxidation kinet-
ics of molybdenum in water vapor.

It has been previously hypothesized that the kinetics of molyb-
denum oxidation in oxygen-rich environments are so rapid that
localized oxygen depletion can occur [14]. However, this was
attributed only to conditions where volatilization was extremely
rapid such that the kinetics of the chemical reaction (Eq. (1)) is rate
limiting, opposed to the transport of oxygen serving to dictate oxi-
dation. This does not appear to agree with the observation here. In-
stead, the observed dependance of oxidation upon flow rate is
greatest at 700 �C and decreases with temperature. The increasing
volatilization rate measured as a function of temperature should
drive the opposite response, increasing the importance of chemical
kinetics on the observed oxidation. No conclusions can be drawn
from the current experimental data. Further studies performed as
a function of water vapor content, flow rate, and possibly specimen
geometry are necessary to fully explore this observation.

4.4. Effect of oxygen and hydrogen additions on kinetics of
molybdenum oxidation in steam

The impact of oxygen additions on the oxidation of molybde-
num under water vapor was not found to significantly alter the
observations above. Fig. 4 highlights the effect of 1 ppm oxygen
on the material loss measured for both 800 and 1000 �C. Both mea-
surements performed with the additional oxygen do exhibit great-
er mass loss. This is more pronounced in the 1000 �C test. Material
loss is observed to accelerate in the first 30 min of the test com-
pared to the experiment conducted in pure water vapor. It is
hypothesized that the addition of oxygen does facilitate a more ra-
pid initial oxidation such that volatilization can more quickly reach
its steady state rate. However, after 30 min material loss occurs at
the same rate regardless of small amounts of oxygen present.

Fig. 5 highlights the results of testing performed to probe the ef-
fect of hydrogen content on oxidation. In addition to its presence in
certain LWR coolants, hydrogen will undoubtedly be produced in
significant quantities during a LOCA as oxidation of other in-core
components progresses. Higgs et al. report that during a clad
breach the H2/H2O ratio may reach as high as 0.1 during a LOCA
[15]. Much of this is generated by oxidation of the zirconium
cladding and as such this value would change in a hypothetical
molybdenum-clad fuel. However, this work does provide a general
indication of the hydrogen contents that could be relevant. The re-
sults of Fig. 5 illustrate the expected affect of hydrogen measured
during oxidation at 1000 �C. The loss rate calculated for 100% water
vapor alone does not change significantly with the addition of
100 ppm H2, but 1000 ppm does begin to measurably reduce the
material loss rate. Finally, 10,000 ppm H2 significantly retards
material loss. A comparison of the mass loss rate measured under
this condition to the tests performed in pure water vapor reveals
that volatilization has been limited to the magnitude observed be-
low 800 �C.

Testing performed at 10,000 ppm H2 did result in a different
post-test appearance of the experimental apparatus compared to
the other experiments executed in this work. Black deposits were
found deposited on the alumina fixturing of the sample chamber
surrounding the specimen. This contrasts with observations fol-
lowing all other experiments in conditions prone to MoO3 volatil-
ization. Yellowish anisotropic crystals generally were found
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extending from the thermocouple stem and protective fixturing. A
dark bluish coating was also observed at the extremes of the fur-
nace hot zone. This observation led to the hypothesis that the
H2O-10,000 ppm H2 test performed at 1000 �C produced local ther-
mochemical potentials significantly different from all other condi-
tions examined. It is probable that the reducing environment
greatly limited transport of volatile MoO3 within the test chamber.
This effect could have important implications to the use of molyb-
denum as LWR cladding where redistribution of molybdenum via
MoO3 may be a significant concern relevant to LOCA performance.
4.5. Summary of volatilization rate and interpretation relevant to LWR
cladding applications

The oxidation observed under all conditions included in this
study rapidly converged to linear kinetics. Given the strong depen-
dencies of oxidization rate constant on the available pressure of
either oxygen or water vapor, a full kinetic development is not pur-
sued in this initial study, The linear weight gain or weight loss ob-
served at each temperature investigated in both synthetic air and
water vapor is provided in Table 1. More importantly, this term
is converted to a linear consumption rate through normalization
using the density of molybdenum. This provides a rapid means
to assess the impact of a prolonged thermochemical condition on
the integrity of molybdenum cladding or other component.

Not surprisingly, oxidation in air at 1000 �C would result in near
total consumption of a hypothetical LWR cladding geometry in a
matter of hours. Examination of the rates observed for water vapor
reveal that temperatures of over 1200 �C are needed to begin to de-
grade the cladding thickness at rates that are significant, even to
thin-walled tubing variants. A 0.4 mm thick cladding could with-
stand nearly 4 h at 1200� before 10% of its initial cladding thickness
is lost. In comparison, even the highest performing optimized zir-
conium cladding variants (e.g. M5, ZIRLO, E110) are nearly fully
converted to ZrO2 under these conditions [3] and would provide
no mechanical integrity or barrier between the fuel and the reactor
pressure vessel.
5. Conclusions and discussion of necessary future work

The oxidation and volatilization of molybdenum at elevated
temperatures has been shown to be severely retarded in water va-
por-containing atmospheres compared to that observed in strongly
oxidizing atmospheres. Exploratory investigations of the effect of
small additions of oxygen and hydrogen on this response have also
shown that no detrimental effects should be expected at the high
temperatures investigated here, but the corrosion rates of
molybdenum under normal operating conditions suggests that
either alloying or coating methods would be necessary to avoid
unallowable fluctuations in coolant chemistry over several
Table 1
Tabulated mass change rates of molybdenum calculated based upon the linear oxidation
rates are then converted to a material consumption rate in the final columns for the cond

Temperature (C) Mass change (mg cm�2 s�1)

20% Oxygen Water

500 +6.0E�5
600 +3.4E�4 +1.3E�
650 +2.0E�4
700 �8.4E�4 �1.2E�
800 �1.9E�2 �6.3E�
900 �1.1E�

1000 �8.9E�2 �3.5E�
1100 �1.1E�
1200 �3.8E�
months. Exploration of potential molybdenum alloys or coating
techniques capable of enhanced corrosion resistance is currently
ongoing [16].

The volatilization rate of molybdenum determined for even the
highest temperatures in water vapor included in this study would
not result in a loss of cladding thickness over the course of tens-of-
hours that would be the limiting factor in cladding integrity. How-
ever, conditions where the cladding temperature is maintained
above 800 �C warrant further investigation as the presence of li-
quid MoO3 may have implications beyond the potential loss of
cladding thickness. The presence of significant amounts of MoO3,
or even a thin but semi-continuous wetting of the clad surface,
could pose a concern through the formation of low melting point
eutectics with other core components or disruption to coolable
geometry. Preliminary investigation of the effect of water vapor
pressure and flow rate suggest that a strong dependence exists
and must be studied further.

The results of this work highlight that catastrophic oxidation
and material loss through volatilization of MoO3 is not a decisive
issue in the exploration of the feasibility of molybdenum or molyb-
denum derivative as LWR cladding. A wide range of other funda-
mental material performance issues remain to be investigated,
aside from the critical, but more challenging, validation of perfor-
mance under LWR-relevant irradiation conditions. The effect of
comparatively low levels of hydrogen on oxidation kinetics was in-
cluded here. No indication of hydriding was observed, but this
must be qualified in that the test times and temperatures of this
study were limited. The solubility of hydrogen in molybdenum
[17,18] is not as significant as found in zirconium [19], and limited
investigations of the Mo-H binary system do not report the exis-
tence of any molybdenum hydrides [20]. However, investigations
similar to those performed for zirconium cladding alloys [21] are
necessary to further quantify this behavior.

The existence of multiple molybdenum-nitride phases is also
reported [22]. The presence of nitrogen would occur during a full
loss of containment, but is also relevant to certain variants of
PWR failures [23]. Nitrogen is understood to significantly acceler-
ate degradation of zirconium alloys as it degrades the structure
of the oxide scale, thereby allowing more rapid oxidation of the
base metal [24]. Nitrogen was intentionally excluded from the
thermochemical matrix included here. The kinetics measured in
this work obtained in synthetic air are less extreme than historic
data obtained for 10% oxygen carried in nitrogen above 800 �C
[11]. This could suggest that nitrogen may act as a catalyst, but
the differences in experimental techniques used between the his-
toric and current studies suggest a more detailed analysis is neces-
sary to determine the effect of nitrogen. Even if a similar
mechanism did translate to molybdenum, it is not clear how it
would affect the oxidation observed here; the MoO3 volatilization
rate dominates system response at the majority of temperatures of
relevance to LOCA analyzes.
or volatilization regime that dominates each temperatures and condition. These loss
itions where volatilization is observed.

Consumption rate (lm h�1)

vapor 20% Oxygen Water vapor

5

5 2.9 0.04
5 67 0.20
4 0.40
4 310 1.2
3 3.7
3 13
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Silicon carbide (SiC) continuous fiber-reinforced, SiC-matrix composites (SiC/SiC composites) are indus-
trially available materials that are promising for applications in nuclear environments. The SiC/SiC com-
posites consisting of near-stoichiometric SiC fibers, stoichiometric and fully crystalline SiC matrices, and
the pyrocarbon (PyC) or multilayered PyC/SiC interphase between the fiber and the matrix are considered
particularly resistant to very high radiation environments. This paper provides a summary compilation of
the properties of these composites, specifically those with the chemically vapor-infiltrated (CVI) SiC
matrices, including newly obtained results. The properties discussed are both in unirradiated condition
and after neutron irradiation to intermediate fluence levels (most data are for <�10 displacement per
atom) at 300–1300 �C.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

Silicon carbide (SiC) is an engineering ceramic material that un-
iquely combines strength and chemical inertness up to very high
temperatures. SiC materials in stoichiometric and crystalline forms
have exhibited unique and exceptional stability in high radiation
environments, in addition to the known low induced-activation/
low after-heat properties, making them particularly attractive for
use in harsh radiation environments [1–4]. Although monolithic
SiC is a brittle ceramic, continuous SiC fiber-reinforced SiC-matrix
composites (SiC/SiC, SiCf/SiC, or SiCf/SiCm composites) offer en-
hanced reliability with predictable mechanical properties and
greatly increased damage tolerance in addition to the above-men-
tioned inherent advantages of SiC, allowing use of these materials
for structural applications [5].

Certain SiC/SiC composites that are made for enhanced
radiation resistance are specifically referred to as the nuclear-
grade SiC/SiC composites. The nuclear-grade SiC/SiC composites
are considered attractive and promising materials for components
for light water reactor (LWR) fuel cladding and channel boxes
[6,7], fuel and in-vessel components for advanced fission reactors
such as high-temperature gas-cooled reactors (HTGR’s) [8,9],
fluoride-salt-cooled high-temperature reactors (FHR’s) [10], and
gas-cooled fast reactors (GFR’s) [11,12], future fusion energy
[2,13,14], and other extreme radiation services. The current nucle-
ar-grade SiC/SiC composites consist of (near-) stoichiometric and
crystalline beta-phase SiC for both fibers and matrices and the
minimal amount of less-radiation-stable material for the debond/
sliding layer(s) between the fibers and the matrices, often referred
to as the interphase. Currently nuclear-grade SiC/SiC composites
are commercially available on a custom-order basis from a fair
number of vendors worldwide.

Recently, Oak Ridge National Laboratory completed the post-
irradiation examination campaign for the US/Japan collaborative
RB-18J experiment, which involved the most comprehensive irra-
diation of the advanced SiC/SiC composites that were available at
the time of preparatory phase. In this experiment, a variety of nu-
clear-grade SiC/SiC composites were evaluated for various
mechanical and thermo-physical properties before and after neu-
tron irradiation. The first objective of this paper is to report and
discuss the result of this experiment for the chemically vapor-infil-
trated (CVI) SiC-matrix composites. In addition to the results from
the RB-18J experiment, this paper attempts to provide a summary
compilation of the properties of nuclear-grade SiC/SiC composites,
specifically those with the CVI SiC matrices as the reference mate-
rials, with the intention to serve the increasing need for the base-
line and irradiated properties data for nuclear-grade SiC/SiC for
prospective applications in LWR’s, advanced fission reactors, and
future fusion energy systems.

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.06.040&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.06.040
mailto:katohy@ornl.gov
http://dx.doi.org/10.1016/j.jnucmat.2013.06.040
http://www.sciencedirect.com/science/journal/00223115
http://www.elsevier.com/locate/jnucmat


Fig. 1. Polymer-derived multi-filament SiC fiber tow (left) and 2D fabric (right).
Inset shows a close-up view of 2D fabric of ceramic-grade Nicalon fibers.
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2. Materials

2.1. Constituents for nuclear-grade SiC/SiC

As briefly described above, constituents that possess adequate
resistance against neutron irradiation make up nuclear-grade SiC/
SiC composite materials. In addition to irradiation tolerance, essen-
tial requirements of nuclear-grade materials generally include a
sufficiently small neutron cross-section and chemical compatibil-
ity with the coolant and fuel systems. However, discussion of
chemical compatibility requirements and issues will be left out
of this paper’s scope because they are very specific to the coolant
and fuel systems of interest.

Among the common materials used to make continuous fiber
ceramic matrix composites, stoichiometric and crystalline SiC is
known to be irradiation resistant. Polycrystalline beta-phase SiC
has successfully been used as the coating material for TRISO fuel
since the 1960s [15]. Since then, substantial work has been per-
formed to examine the effects of neutron irradiation on this mate-
rial with most of the results positively addressing its exceptional
irradiation resistance [16,17]. Although some alpha-phase SiC-
based ceramics have proved reasonable irradiation resistance in
certain conditions, they are not the preferred materials over cubic
beta-phase materials because under irradiation the hexagonal
crystallites in general tend to experience anisotropic swelling, of-
ten causing eventual intergranular cracking. Pramono et al. report
isotropic and anisotropic swelling of 6H–SiC with and without the
presence of transmutation helium, respectively [18]. Carbon mate-
rials are less stable than SiC in severe radiation environments;
however, they have proven to retain adequate mechanical proper-
ties up to tens of dpa at elevated temperatures [19–22]. Based on
the understanding above, composites with near-stoichiometric
SiC fibers, stoichiometric polycrystalline beta-phase SiC matrices,
and carbon interphase composites are currently considered the
primary nuclear-grade SiC/SiC. Properties of the reinforcing fibers,
interphase, and matrices are equally important in determining the
overall properties of the composites.
2.1.1. Reinforcement and architecture
The SiC fibers that are commercially available are produced

based on the polymer precursor process first introduced by Yajima
and Hayashi [23] and later made commercially available by Yaj-
ima’s successors under the trade names Nicalon™ and Tyranno
Fiber™. The first stage of these fiber processes involves the low-
temperature melt-spinning of the polycarbosilane (PCS) or polytit-
anocarbosilane (PTCS) polymer. These green state fibers are then
cured at elevated temperature either by exposure to oxygen or
through electron beam curing and then successively ceramized in
an inert atmosphere. Because of their relatively low price, good
mechanical properties, and excellent weavability, these Generation
I SiC fibers have found widespread use both in the laboratory as
well as in industry. Typical appearances of the SiC fiber and the
two-dimensionally (2D) woven fabric are shown in Fig. 1.

It is important to note that due to the presence of excess oxygen
and carbon, these Generation I fibers are more correctly classified
as SiC-based fibers, rather than SiC fibers. For example, the original
‘‘ceramic-grade’’ Nicalon is 65% SiC with 23% SiO2 and 11% free car-
bon [24]. The SiC crystallites are extremely small or poorly crystal-
lized, and set in a continuum of glassy Si–Ox–Cy phase. Because of
the presence of these silica and carbon phases, these fibers undergo
structural instability accompanying substantial volumetric con-
traction when exposed to radiation by high-energy neutrons or
particles. As a result, SiC/SiC composites with the Generation I
fibers exhibited a major loss of strength arising from extensive
fiber–matrix debonding [25–27]. In the next-generation
Hi-Nicalon™ fiber, the relative amount of oxygen was reduced to
less than 1% by cross-linking the green fiber with ionizing radia-
tion. However, radiation tolerance was improved only moderately
in the Generation II SiC because of the radiation-unstable micro-
structure still consisting of SiC nano-crystallites embedded in a
continuum of carbon [24,28].

The Generation III SiC fibers are defined by near-stoichiometric
chemical composition and crystallinity that is largely enhanced be-
yond the Generation II, in addition to the reduced oxygen content.
These features are achieved by various high-temperature processes
including thermochemical decarburization treatment and sintering
with additives such as alumina and boron. Commercially available
Generation III SiC fibers include Hi-Nicalon Type S (Nippon Carbon
Co., Tokyo, Japan, ‘‘HNLS’’ hereafter) [24,29,30], Tyranno SA3 (Ube
Industries, Ltd., Ube, Japan, ‘‘SA3’’ hereafter) [31], Sylramic™ (COI
Ceramics, San Diego, CA) [32], and CefNITE™ (IEST Co., Ltd., Moriy-
ama, Japan) [33].

The Generation III SiC fibers consist primarily of beta-phase SiC
grains of sizes typically ranging from tens to hundreds of nanome-
ters and excess carbon as poorly graphitized carbon pockets in
multi-grain junctions [28]. The grain sizes in the fibers are reflected
in the surface roughness, as shown in Fig. 2, where the very smooth
surface of nanocrystalline Hi-Nicalon contrasts with the less
smooth surface of HNLS fiber and the obviously more rugged sur-
face of SA3 fiber. These surface roughness features reportedly influ-
ence the interfacial shear debond criteria and frictional stress
[34,35]. The early Generation III SiC fibers, HNLS and SA3, have
been evaluated and positively addressed for neutron resistance in
various irradiation conditions as composite reinforcements and
as bare fibers [36–38]. It should be noted, however, the excess car-
bon, sintering additives, and impurities may adversely influence
the stability of these fibers in more aggressive irradiation condi-
tions than previously reported.

Properties of the representative SiC(-based) fibers are compared
in Table 1. Because of the enhanced stoichiometry and crystallinity,
the Generation III fibers possess higher elastic modulus and ther-
mal conductivity, smaller elongation, a coefficient of thermal
expansion (CTE) that is close to that of pure beta-SiC, and often in-
creased surface roughness as mentioned above. Because of these
differences, certain mechanical, physical, and thermal properties
of composites with the Generation III SiC fibers are substantially
different from those of previous generation SiC fiber composites.

Given certain properties for the constituent materials, the com-
posite properties are determined by the fiber architecture. Obvi-
ously the reinforcing fibers provide benefits such as strength and
toughness most effectively in directions parallel to the fiber axis.



Fig. 2. SEM images of surfaces of Hi-Nicalon (left), Hi-Nicalon Type S (middle), and Tyranno SA3 (right) fibers.

Table 1
Properties of commercially available near-stoichiometric SiC fibers and comparison with representative non-stoichiometric SiC-based fibers.

Trade name CG-Nicalon NL-202 Hi-Nicalon Hi-Nicalon Type S Tyranno SA3 Sylramic Pure b-SiC

Manufacturer NCKa NCK NCK Ubeb COIc

SiC fiber generation I II III III III (CVD SiC)

C/Si atomic ratio 1.31 1.39 1.05 1.07 1.00 1.00
Oxygen mass concentration (%) 11.7 0.5 0.2 <1 0.8 0
Other additives Al B, N, Ti
SiC grain size (nm) �2 �10 �50 �200 �100

Young’s modulus, RT (GPa) 220 270 420 380 380 450
Tensile strength, RT (GPa) 3.0 2.8 2.6 2.8 3.2 �0.4d

Elongation (%) 1.4 1.0 0.6 0.7 0.8 �0.1d

Density (g/cm3) 2.55 2.74 3.10 3.10 3.0–3.1 3.21
CTE (ppm/K), to 500 �C 3.2 3.5 5.1 4.5e 5.4e 3.9, 4.5e

Thermal cond., RT (W/m K) 3.0 7.8 18.4 65 46 �400f

a Nippon Carbon (Tokyo, Japan).
b Ube Industry (Ube, Japan).
c COI Ceramics (San Diego, CA).
d Strength and elongation of monolithic SiC widely vary depending on effective surface and machining.
e To 1000 �C.
f Thermal conductivity of SiC varies significantly depending on purity and grain size.
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More precisely, the composite properties are to a large extent
determined by the volume fractions and orientations of the fibers
in relation with the orientation of interest for certain properties.

Two-dimensional (2D) woven architectures, including plain-
weave (PW) and satin-weave (SW, most commonly 5-harness
and 8-harness), are most commonly used to make planar compo-
nents. A choice between PW and SW usually does not impose sig-
nificant impact on the composite properties. The 0�/90� stacking of
orthogonally woven fabrics results in orthotropic properties,
whereas the 0�/±30� stacking, for example, allows more isotropic
in-plane properties at the expense of somewhat reduced on-axis
strength. The materials discussed in this work are mostly 2D com-
posites. Among non-2D architectures, the uni-directional (UD)
architecture is often useful to enable high strength in one direction
as well as to produce model composite samples for research pur-
poses. Orthogonal three-dimensional (3D) architectures with vari-
ous x:y:z fiber ratios are utilized to tailor anisotropic properties
three-dimensionally. Braiding can also be employed to produce
3-D tubular geometries. However, the properties of braided com-
ponents approach 2D when wall thickness is small compared to
the tube diameter. More complex architectures have also been
developed and used for specific purposes.

2.1.2. Interphase
The roles of interphases to accommodate adequate fiber–matrix

load transfer, debond, and sliding are very important for continu-
ous fiber ceramic matrix composites. For SiC/SiC composites, inter-
phases of PyC, boron nitride (BN), and multilayer PyC/SiC or BN/SiC
are most commonly applied as the coating onto the fiber surfaces
before the matrix densification [5]. With regard to the fast fracture
properties, multilayer interphase composites behave in a similar
manner to monolayer interphase composites, with the innermost
PyC or BN layer acting mostly as the sole interphase [39,40]. How-
ever, multilayer interphases are known to provide extra rupture
life in oxidative environments [40]. Moreover, multilayer interpha-
ses reportedly impose substantial effects on the through-thickness
electrical conductivity [41].

BN interphase is generally considered inadequate for nuclear
applications, unless isotopically separated boron is used, due to
the rapid transmutation of 10B under neutron irradiation. For this
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reason, PyC is commonly used as the interphase material by itself
or in combination with SiC to form the multilayer interphase. The
PyC interphase is typically formed by chemical vapor deposition
(CVD) onto the fiber surface using a gaseous hydrocarbon precur-
sor in an isothermal, isobaric condition. Examples of the monolayer
PyC and multilayer PyC/SiC interphases in SiC/SiC composites are
shown in Fig. 3. Carbon materials including PyC are known to un-
dergo moderate, yet substantial, irradiation effects including early
contraction followed by swelling, eventually leading to amorphiza-
tion at temperatures of typical technological interest [19,20,42].
This radiation instability of PyC presents an opportunity for the
development of an alternative interphase for SiC/SiC composites
for radiation services. Interestingly, however, PyC interphase SiC/
SiC composites have been shown to retain adequate mechanical
properties and fracture behavior to high neutron fluence levels
where very significant radiation damage is expected in carbon [43].

The typical thickness of PyC interphase ranges between �20 nm
(for the case of the innermost layer in the multilayer interphase)
and �500 nm. It is generally understood that an interphase that
is too thin results in brittle failure, even for composites, due to
excessive frictional stress at the fiber–matrix interface. Alterna-
tively, an interphase that is too thick tends to compromise strength
due to insufficient load transfer between the fiber and the matrix
[44–48]. Based on limited systematic studies on the effect of inter-
phase thickness on mechanical properties, 50–200 nm is most
commonly used for the PyC interphase in Generation III SiC fiber,
CVI SiC matrix composites. Because of the rather limited irradia-
tion stability of PyC, thicker interphases are anticipated to be dis-
advantageous in terms of the irradiation tolerance. However,
experiments have not demonstrated any outstanding disadvan-
tages of the composites with relatively thick PyC interphases [49].

It should also be noted that the vapor-deposited interphase
thickness often varies substantially in different locations within
the preform and even within a fiber bundle. The nominal inter-
phase thickness is most commonly determined by the mass gain
during the deposition process divided by estimated total fiber sur-
face or by averaging the physical thickness values measured at
multiple locations by backscattered electron microscopy.

2.1.3. Matrix
Similar to SiC fibers, the matrices in SiC/SiC composites are gen-

erally more radiation stable when they are of stoichiometric com-
position, of high crystallinity, and contain lesser amounts of second
phases, which tend to impose detrimental irradiation effects.
Among the various techniques commonly used for matrix process-
ing for SiC/SiC composites, chemical vapor infiltration (CVI)
Fig. 3. Backscattered electron images of monolayer pyrocarbon (P
produces SiC matrices that best satisfy these criteria [5]. For this
reason, CVI composites have been evaluated most extensively, of-
ten as the basic or reference materials for nuclear-grade SiC/SiC
composites.

The CVI matrix densification process is essentially a CVD of SiC
onto the fiber surfaces (then the open pore surfaces) in the com-
posite preforms. Methyltrichlorosilane (MTS) and ethyltrichlorosi-
lane (ETS) carried by hydrogen gas are commonly used as the
precursor [5,50–53]. Because the typical deposition temperatures
of 1000–1200 �C are significantly lower than the processing tem-
peratures of other methods for SiC matrix densification, CVI is con-
sidered a low-temperature processing method for the fabrication
of SiC matrix composites with the benefits of minimal process-in-
duced damage to the fibers and reduced residual thermal stress.
During the process of CVI, the fiber bundles in the preform first
get solidified, forming an interconnected skeleton of ‘‘mini-com-
posites,’’ or fiber bundles, with the internal and relatively thin sur-
rounding matrices. This is followed by additional matrix deposition
onto surfaces of the open pores that continues until a sufficient
matrix density is achieved with most pores closed. Therefore, when
the process is complete, the CVI composites inherently consist of
fabric lay-up architectures made up of small elongated inter-fiber
(intra-bundle) pores in mini-composite elements with more mac-
roscopic inter-bundle pores whose size and shapes are determined
primarily by the fiber architecture, and interlaminar pores (often
connected with inter-bundle pores).

Fig. 4 presents micrographs showing typical pores in 2D CVI
SiC/SiC composites. Typical final porosity for 2D CVI SiC/SiC com-
posites is 10–20%. The porosity values often exhibit mild correla-
tions with the composite strength and thermal conductivity.
However, among the pores of various types, the interlaminar pores
impose particularly pronounced effects on key properties such as
through-thickness thermal conductivity and interlaminar strength.

Besides CVI, the nano-infiltration and transient eutectic-phase
(NITE) process, which utilizes sintering of nano-phase SiC powder
assisted by external pressure and oxide additives to form the ma-
trix, produces SiC-matrix composites that proved to be radiation
resistant [54,55]. Compared to CVI SiC/SiC, which is inherently very
porous, NITE SiC/SiC composites offer nearly fully dense matrices,
typically resulting in higher matrix cracking stress and higher ther-
mal conductivity at the expense of chemical purity [56,57]. The re-
sults from the RB-18J experiment on the NITE SiC/SiC composites
are reported in a separate communication [58].

Effects of neutron irradiation on SiC/SiC composites made
through other fabrication routes, such as polymer impregnation
and pyrolysis (PIP) and melt-infiltration (MI), have not been
yC) and multilayer PyC/SiC interphases in SiC/SiC composites.



Fig. 4. Micrographs representing different types of pores in typical 2D CVI SiC/SiC composites: (A) intra-bundle micro-pores, (B) inter-bundle mesh pores, (C) inter-layer
pores, and (D) pores along inclined fiber segments. B, C, D are often connected with each other.
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extensively studied due to demonstrated and/or anticipated poor
radiation stability of polymer-derived non-stoichiometric/nano-
crystalline SiC and the reaction-bonded SiC/Si cermet [59,60]. For-
mation of SiC matrices with decent irradiation performance
through a polymer precursor route or a direct reaction is consid-
ered achievable, but may require substantial development effort
[61–63].
2.1.4. Microstructures
Detailed microstructures of CVI SiC matrix composites may vary

substantially, depending on the processing conditions. This also
implies that the properties of the composites may be, to some ex-
tent, tailorable if the relationship between microstructure and the
properties of interest can be adequately understood. For example,
microstructures within the interphases and around their interfaces
with fibers and/or matrices are known to influence the interfacial
debond and sliding properties [64]. Typical microstructures of nu-
clear-grade CVI SiC/SiC composites as observed by transmission
electron microscopy are shown in Fig. 5. Both the HNLS and SA3 fi-
bers consist primarily of beta-phase SiC grains (which are often
densely stacking faulted and significantly larger in size for the
SA3 fiber) with the carbon pockets and pores in multi-grain junc-
tions. Variations in microstructures and the corresponding proper-
ties for these near-stoichiometric SiC fibers of different grades are
summarized by Bunsell and Piant [28].

Depending on the deposition condition, microstructure of the
pyrolytic carbon interphases may range from well-oriented graph-
ite to near-isotropic carbon. Whereas the oriented graphite inter-
phase has been explored to achieve optimum interfacial debond
behavior by Naslain et al. [40], near-isotropic carbon interphase
is widely used in commercial CVI SiC/SiC due to ease of processing
and preferred near-isotropic properties. The typical pyrolytic car-
bon interphase in the commercial materials, seen in Fig. 5 (bottom
center), is often considered as turbostratic graphite. Electron en-
ergy loss spectrometry analysis confirmed that the bonding in
these interphases is predominantly sp2 hybrid [65]. The specific
mass of turbostratic carbon interphase in a typical CVI SiC/SiC com-
posite was estimated to be �1.9 based on combustion analysis
[66], slightly higher than typical isotropic graphite but significantly
lower than oriented graphite. Therefore, the typical CVD PyC inter-
phase in a nuclear-grade SiC/SiC composite may be considered a
fairly high-density turbostratic graphite. Note that these interpha-
ses are not necessarily near isotropic but are sometimes aniso-
tropic with the basal planes slightly to moderately aligned
parallel with the fiber surface. The CVI SiC matrices are essentially
CVD SiC deposited onto the fiber and pore surfaces; thus, they ex-
hibit typical columnar structure along the growth direction, as
seen in Fig. 5 (bottom right). The crystallographic orientation is
commonly along one of the f111g planes, which typically involves
very high-density stacking faults, moderately aligned perpendicu-
lar to the columnar axis.
2.2. Composite materials used

The composite materials studied are listed in Table 2. The mate-
rial designator in the table indicates the combination of fiber grade,
HNLS or SA3, and the interphase, PyC for pyrocarbon (PyC150 de-
notes pyrocarbon interphase that is nominally 150 nm thick) or
ML for pyrocarbon/SiC multilayer, followed by an additional suffix
that distinguishes different fabrication batches. The ML interphase
consists of five repeating layers of nominally 20-nm-thick pyrocar-
bon separated by pyrolytic (CVD) SiC nominally 100 nm thick.
More details of this interphase are found elsewhere [67]. As dis-
cussed previously, this ML interphase acts as single 20-nm-thick
PyC interphase during fast fracture under typical mechanical test-
ing while providing additional protection to fibers during slow fail-
ure in oxidative environments. The matrices for all composites are
high-purity CVI SiC. The composite fabrication was performed by
Hyper-Therm High-Temperature Composites (Huntington Beach,
CA), with the exception of HNL/PyC150-B, which was provided
by GE Energy (Newark, DE).

It is worth noting that non-standard fabrics or fibers were used
for some of the composites. For HNLS/PyC50-A and HNLS/PyC150-
A, 24 � 24 thread-per-inch (TPI) plain-weave fabrics with 250
filament yarns were used instead of the standard 16 � 16 TPI
satin-weave fabric with 500 filament yarns. These fine weave
fabrics were used with an expectation that the small specimens
used for irradiation studies would better represent the bulk prop-
erties. However, as seen in Table 2, the higher fiber loading and the
smaller dimensions of open channels in the fabric preform resulted
in the unusually large final porosity, somewhat compromising the
composite properties, as discussed later.

The SA3T/PyC150-A composite used plain-weave fabrics of 800
filament yarn thick (nominally 10-lm diameter) SA3 fibers instead
of the common 1600 filament yarn 7.5-lm-diameter SA3 fibers.
The SA3-P120/PyC150 composite was fabricated using hybrid
plain-weave fabrics into which alternating threads of SA3 and
pitch-based Cytec-Thornel P120 graphite fibers were woven. De-
tailed description of this hybrid fabric is found elsewhere [72].



Fig. 5. Transmission electron microscopy images of Hi-Nicalon Type S near-stoichiometric SiC fiber-reinforced, purocarbon/SiC multilayer interphase, and chemically vapor-
infiltrated SiC-matrix composite (top). Higher magnification micrographs are given in the bottom for the fiber interior (left), interphase (center), and matrix (right).
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The fiber volume fraction (Vf) in Table 2 was determined by a
geometrical approach in the following manner [74]:

Vf ¼ pr2
f Nf NtNp; ð1Þ

where rf denotes fiber radius, Nf the number of filaments in a tow, Nt

the total (x and y) thread counts for the fabric, and Np the number of
fabric layers in a unit thickness. Using the apparent density for com-
posite (qc), the composite porosity value (Vp) is derived by

Vp ¼ 1� Vf þ
qc �mf Np

qm
þ qm � qi

qm
� 2mf Npti

rf qf

 !
; ð2Þ

where mf is the fabric mass, qm,i,f denote specific masses of matrix,
interphase, and fiber, respectively, and ti is the interphase thickness.

Fig. 6 presents low-magnification SEM images of polished cross-
sections for most of the composite materials used in this work,
showing the mesoscopic structures including the various type
pores typical of the CVI SiC matrix composites of 2-D fabric layup
architectures. The observed mesostructures appear generally con-
sistent with the porosity and the fiber volume fraction values in
Table 2. For example, relatively low matrix density with the exten-
sive inter-laminar porosity can be seen for the HNLS/PyC50-A and
HNLS/PyC150-A composites. The SA3-P120 hybrid fabric compos-
ite (not shown in Fig. 6) underwent extensive matrix cracking be-
cause of the major mismatch in thermal expansion between the SiC
matrix and the P120 graphite fibers.
3. Experimental method

3.1. Methods of properties evaluations

All property information presented in this paper is original data
generated at Oak Ridge National Laboratory (ORNL), unless refer-
ences indicate otherwise, through the methods briefly described
below. Post-neutron irradiation examination was performed in
the Low Activation Materials Development and Analysis (LAMDA)
Facility at ORNL.

3.1.1. Thermal and physical properties
The coefficient of linear thermal expansion (CTE) was measured

per ASTM Standard E228-06 using a push-rod dilatometer Netzsch
DIL 402 CD at a constant heating rate equal to or slower than 5 K/
min. Thermal diffusivity was measured by the flash method
according to ASTM E1461-07. The instruments used were a Net-
zsch LFA 447 and 457 and an Anter Flashline 3000. Thermal con-
ductivity was calculated using the measured thermal diffusivity,
the measured specific gravity for the individual specimen, and
the standard specific heat values found in Ref. [17] for SiC. The
influence of the presence of graphitic interphase on the specific
heat of the composite was estimated to be less than 1% and thus
was neglected.

The dynamic Young’s modulus was determined at room tem-
perature based on the fundamental resonance measurement by
the method of impulse excitation and vibration per ASTM C1259-
08 using a JW Lemmens GrindoSonic Instrument.

3.1.2. Swelling
Swelling, or volumetric expansion induced by neutron irradia-

tion, was determined based on the envelope dimensions for rectan-
gular test specimens measured before and after irradiation using a
caliper (for length) and a micrometer (for width and thickness).
The standard specimen dimensions before irradiation were
40 mm � 4 mm � 2 mm. Considering the typical equipment cali-
bration error and the measurement error, uncertainty in swelling
determination is estimated to be less than 0.2%.

3.1.3. In-plane mechanical properties
The in-plane tensile properties were determined following the

general guidelines in ASTM C1275-00. However, an intermittent
unloading–reloading scheme was employed in order to extract
information on the residual thermal stress, extent of the matrix



Table 2
Detailed information of composite materials evaluated in this work. Note that matrices in all materials are high-purity, stoichiometric, polycrystalline beta-phase SiC deposited
through chemical vapor infiltration process.

Material designator Fiber Architecture Interphase Apparent density
(g/cm3)

Porosity Fiber volume
fraction

Ref.

SA3/PyC150-A Tyranno SA3a PWf, 17 � 17 tpig 0�/90� PyCi, 150 nm 2.58 0.18 0.38 Katoh et al. [68]
SA3/PyC50-A Tyranno SA3a PW, 17 � 7 tpi 0�/90� PyC, 50 nm 2.62 0.17 0.38 Katoh et al. [68]
SA3T/PyC150-A Tyranno SA3Tb PW, 17 � 17 tpi 0�/90� PyC, 150 nm 2.50 0.20 0.37 Katoh et al. [68]
HNLS/PyC150-A Hi-Nicalon Type Sc PW, 25 � 25 tpi 0�/90� PyC, 150 nm 2.40 0.23 0.46 Katoh et al. [68]
HNLS/PyC50-A Hi-Nicalon Type Sc PW, 25 � 25 tpi 0�/90� PyC, 50 nm 2.31 0.26 0.46 Katoh et al. [68]
HNLS/ML-A Hi-Nicalon Type Sd 5H-SWh, 16 � 16 tpi, 0�/90� Multilayerj 2.47 0.24 0.37 Katoh et al. [68]
HNLS/PyC150-B Hi-Nicalon Type Sd 5H-SW, 16 � 16 tpi, 0�/90� PyC, 150 nm 2.71 0.14 0.40 –
SA3/PyC150-C Tyranno SA3a PW, 17 � 17 tpi 0�/90� PyC, 150 nm 2.53 0.18 0.40 Nozawa et al. [69]
HNLS/PyC150-C Hi-Nicalon Type Sd 5H-SW, 16 � 16 tpi, 0�/90� PyC, 150 nm 2.52 0.19 0.44 Nozawa et al. [69]
HNLS/PyC150-D Hi-Nicalon Type Sd 5H-SW, 16 � 16 tpi, 0�/90� PyC, 150 nm 2.65 0.15 �0.4 Nozawa et al. [70]
SA3/PyC150-D Tyranno SA3a PW, 17 � 17 tpi 0�/90� PyC, 150 nm 2.62 0.16 �0.4 –
SA3/PyC150-E Tyranno SA3a PW, 17 � 17 tpi 0�/90� PyC, 150 nm n/ak n/a n/a Nozawa et al.[71]
SA3-P120/PyC150 SA3/P-120Se Orthogonal 3D PyC, 150 nm 2.27 n/a Katoh et al. [72]
SA3/ML-F Tyranno SA3a 8H-SW, 22 � 22 tpi, 0�/90� Multilayerj 2.65 0.12 0.33 Katoh et al. [73]
HNLS/ML-F Hi-Nicalon Type Sd 8H-SW, 20 � 20 tpi, 0�/90� Multilayerj 2.74 0.11 0.31 Katoh et al. [73]

a 7.5 lm, 1600 filament/yarn, SA3-S1I16PX.
b 10 lm-diameter thick fiber, 800 filament/yarn, SA3-S1F08PX.
c 900 denier (250 filamet/yarn), Lot#383213.
d 1800 denier (500 filament/yarn), lot# unknown.
e Hybrid 3D fabric of Tyranno SA3 in x/y directions and pitch-based P120S graphite fiber in z direction.
f Plain-weave.
g Thread per inch.
h 5-Harness satin-weave.
i Pyrocarbon.
j 5 � (PyC 20 nm + SiC 100 nm).
k Not available.

Fig. 6. Low-magnification scanning electron micrographs showing cross-sectional meso-structures representing materials examined.
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cracking, and the fiber–matrix interfacial sliding resistance as a
function of the peak load. Previous work confirmed the lack of ef-
fects of this loading scheme on the measured tensile properties for
similar composite materials as compared with a monotonic load-
ing scheme. Strain was monitored by a pair of strain gauges at-
tached to opposite faces within the gauge section. The average of
the readings from the two strain gauges was used as the strain va-
lue. Tests with fractional bending, also determined by readings
from the two strain gauges, reaching 10% within the proportional
limit loading were considered invalid.

Straight beam specimens measuring 40 mm � 4 mm � 2 mm
were used for all tests, with the exception of the HNLS/PyC50-A
and HNLS/PyC150-A tests, which utilized specimens that were
1.5 mm thick but otherwise identical. The gauge section length
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was 12 mm. A MTS pneumatic gripping system was used and alu-
minum tabs were adhered to both sides of the grip sections of the
specimens to prevent gripping-induced compressive failure.

Tangent modulus of the composites was determined by the
least-squares method for the initial loading over a range of 20–
40 MPa. The proportional limit stress (PLS) was defined as the
stress at the intersection with the 95% tangent modulus slope.

3.1.4. Interface mechanical properties
Two important micro-mechanical properties of interest for the

fiber–matrix interface in ceramic matrix composites are the sliding
stress and the shear debond stress. The sliding stress is often deter-
mined or estimated based on the single-fiber push-out test [75],
hysteresis analysis of the intermittent unloading–reloading during
the in-plane tensile test [76,77], or fiber pull-out length observa-
tion of the tensile fracture surface [78]. The shear debond stress
can be estimated from the single-fiber push-out test. In the present
work, the single-fiber push-out test was chosen as the method of
evaluating the interfacial mechanical properties and the test was
conducted using an MTS Nano-Indenter system. More details of
the testing and analytical procedures are discussed in Section 4.3.4.

3.1.5. Trans-plane mechanical properties
The inter-laminar shear strength (ILSS) of the 2D laminate com-

posite materials was determined by compression testing of dou-
ble-notched shear (DNS) specimens per ASTM C1292-00.
Specimen dimensions of 20 mm � 4 mm � 2 mm and a notch sep-
aration of 6 mm were employed. These specimen dimensions,
smaller than the recommendation in the ASTM test standard, have
been shown to generate reasonable ILSS values for similar materi-
als, though such reduced size specimens may suffer a minor size
effect [79–81].

The trans-thickness tensile strength (TTS) was determined by
diametral compression testing at room temperature. In this test,
the diametral compressive load, applied to a small-diameter disc
(or truncated disc) specimen, is converted to tensile load in the
perpendicular orientation, leading to the failure in trans-thickness
tension. Details of the test procedure are given in [82,83].

3.1.6. Damage tolerance
Damage tolerance was evaluated using miniature single-edged

notched beam (SENB) specimens. Details of the test procedure
and the effects of the test specimen size have been discussed else-
where [84]. The SENB tests were conducted at room temperature
using an electromechanical testing machine. Test specimens were
loaded using a three-point flexural fixture with a support span of
16 mm under a constant crosshead displacement rate of
0.05 mm/min. The load–point displacement was measured with a
clip-on crack opening gauge. The unloading–reloading sequences
were applied to evaluate the damage accumulation behavior dur-
ing testing. Crack length at each loading–unloading cycle was eval-
uated by optical microscopy of replica films.

3.2. Neutron irradiation

Neutron irradiation was conducted in the High Flux Isotope
Reactor (HFIR) at ORNL as a part of the RB-18J high-temperature
neutron irradiation campaign. The 18J capsule included subcap-
sules, each of which is actively temperature controlled through
the gas composition adjustment. The fast neutron fluences were
�5.9 � 1025 n/m2 (E > 0.1 MeV) for the nominally 800 �C tempera-
ture zone and �5.8 � 1025 n/m2 for the nominally 1300 �C zone. An
equivalence of one displacement per atom (dpa) = 1 � 1025 n/m2

(E > 0.1 MeV) is assumed in the following discussion.
The actual irradiation temperatures for specimens were deter-

mined by electrical resistivity measurements with selected CVD
SiC specimens at room temperature after isochronal annealing.
These specimens consistently indicated the onset of resistivity
annealing at �830 �C and �1270 �C for the nominally 800 �C and
1300 �C temperature zones. The typical error in determination of
actual irradiation temperature by this method is estimated to be
�25 �C [85].
4. Properties and effects of neutron irradiation

4.1. General effects of irradiation and dimensional stability

4.1.1. General effects of irradiation
In this section, data for various thermal, physical, and mechan-

ical properties in both unirradiated and neutron-irradiated condi-
tions are presented and discussed. Before elaborating on the
individual properties and the irradiation effects, the effects of irra-
diation on SiC/SiC composites are briefly reviewed in a generic
sense. A comprehensive review of the properties for conventional
(non-nuclear-grade) SiC fiber and CVI SiC matrix composites in
an unirradiated condition was previously compiled by Lara-Curzio
[86].

Obviously, the properties of a composite material are deter-
mined by the properties of its constituents, namely, matrix, fiber,
and interface, and the constitutive laws that are in many cases
for the specific reinforcement architecture. The ‘‘interface’’ may in-
volve the interphase as a substance and the interfaces between the
interphase and the neighboring matrix or fiber. Constitutive mod-
els for various composite properties have been studied and devel-
oped as mentioned in the discussion below. However, these
models have often been established to an insufficient extent to pre-
dict properties of the composites due to the complex interplays
among constituents in the 2D architecture.

As compared to SiC in other forms, the effects of neutron irradi-
ation and the underlying physical processes are relatively well
understood for high-purity beta-phase SiC [17], which reasonably
represents the matrix material for CVI SiC matrix composites.
Briefly, neutron bombardment produces Frenkel defects in both C
and Si sublattices, antisite defects of both types, and clusters of
these defects in the face-centered cubic sublattices overlapping
in beta-phase SiC. In the temperature range for point defect swell-
ing (or ‘‘transient swelling,’’ approximately 150–1000 �C) where
vacancies of both types have no or very limited mobility, the ma-
trix defects build up until pseudo-equilibrium is reached. This de-
fect build-up causes swelling corresponding with the total excess
volumes from various defects, significant thermal conductivity de-
crease by added phonon-scattering centers, and a slight decrease in
Young’s modulus due to an increase in mean interatomic distance.
All of these properties saturate at relatively low fluences, typically
on the order of �1 dpa. At higher temperatures exceeding
�1400 �C where both types of vacancies are anticipated to be mo-
bile, progressive changes in properties occur including void swell-
ing caused by unstable growth of vacancy clusters. Between
�1000 �C and �1400 �C is considered the transitional temperature
regime where the progressive microstructural evolutions and the
resultant fluence-dependent property changes proceed steadily
but only slowly. The effects of neutron irradiation on properties
of CVD SiC are summarized by Snead et al., in Ref. [17].

Near-stoichiometric beta-phase SiC fibers are considered to be-
have in a manner similar to high-purity CVD SiC. In fact, lack of sig-
nificant differential swelling (from CVI SiC matrices) or any other
substantial changes in properties under irradiation has been
previously reported [36,73,87], in contrast to that of conventional
non-stoichiometric SiC-based fibers which underwent substantial
volume contraction by exposure to neutrons [26]. However, the
potential influences of specific features of those fibers including



Table 3
Irradiation-induced swelling for CVI SiC matrix composites.

Material Irradiation
condition

Swelling
(%)

Ref.

SA3/PyC150-A 830 �C, 5.9 dpa 0.50 (0.07) –
1270 �C, 5.8 dpa 0.58 (0.30) –

SA3/PyC50-A 830 �C, 5.9 dpa 0.55 (0.14) –
1270 �C, 5.8 dpa 0.56 (0.23) –

SA3T/PyC150-A 830 �C, 5.9 dpa 0.61 (0.15) –
HNLS/PyC150-A 830 �C, 5.9 dpa 0.52 (0.16) –

1270 �C, 5.8 dpa 0.21 (0.08) –
HNLS/PyC50-A 830 �C, 5.9 dpa 0.28 (0.09) –
HNLS/ML-A 830 �C, 5.9 dpa 0.39 (0.20) –

1270 �C, 5.8 dpa 0.49 (0.31) –
300 �C, 1.2–3.4 dpa 1.59 (0.49) Newsome et al.

[67]
800 �C, 1.6–2.4 dpa 0.81 (0.13) Newsome et al.

[67]
HNLS/PyC150-B 830 �C, 5.9 dpa 0.67 (0.28) –

1270 �C, 5.8 dpa 0.45 (0.14) –
SA3-P120/

PyC150
830 �C, 5.9 dpa 0.56 (0.16) –

Fig. 7. Volume swelling of CVI SiC matrix composites by neutron irradiation as a
function of irradiation temperature. Error bars indicate ± one standard deviation.
Additional composite swelling data were taken from Refs. [67,89]. Data for high-
purity CVD SiC in a monolithic form from various references are shown together as
dot symbols [15,27,90–93].
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the chemical impurities or additive elements, the presence of car-
bon pockets, and the inhomogeneity in grain microstructures along
radial locations on the radiation stability at extended fluence levels
all remain to be clarified.

Similarly, irradiation response of the PyC interphase is not
adequately understood. Under irradiation, the PyC interphase as
highly imperfect graphite is anticipated to behave like other car-
bon materials such as poorly graphitized graphite and glassy car-
bon. Nuclear-grade graphite materials undergo early contraction
accompanied by an increase in strength, elastic modulus, and
thermal and electrical conductivity. This is followed by swelling
and a reversal of all other property changes in the opposite direc-
tion, which eventually leads to a loss of mechanical integrity
[19,20]. The very limited information on effects of irradiation on
glassy carbon implies similar behavior [22]. However, it is unclear
how closely the irradiated PyC interphase follows the path and
fate of irradiated nuclear graphite and how the thin-layer inter-
phase that is mechanically constrained by very high modulus
SiC on both faces behaves as compared to the unconstrained bulk
material.

In addition to the general effects of irradiation discussed above,
significant effects of nuclear transmutations are anticipated for all
properties when these materials are irradiated with very high-en-
ergy neutrons such as those anticipated in deuterium–tritium fu-
sion reactors and the nuclear spallation targets. The nuclear
transmutation effect is particularly anticipated to be an important
life-limiting factor, in addition to the environmentally assisted
degradation discussed in Section 4.3.7, because of the time-depen-
dent accumulation of various transmutation products. Discussion
on the transmutation phenomena in fusion spectrum and the po-
tential consequences are found in Ref.[88]. The scope of present
work does not include those transmutation effects.

4.1.2. Transient swelling
As briefly described above, irradiated crystalline SiC undergoes

swelling that saturates at low fluence levels in a temperature range
below �1000 �C. Beyond �1000 �C up to �1400 �C, swelling is con-
sidered to be a mixture of the transition point defect swelling (that
saturates) and the slowly developing void swelling. Swelling mea-
sured in the present work is summarized in Table 3 along with the
data reported in literature [67,89]. These data are also plotted in
Fig. 7 for the purpose of comparison with the extensive published
data for high-purity CVD SiC [15,27,90–93]. The swelling trends for
the CVI composites and the CVD SiC agree well, although the com-
posite swelling in general appears slightly less than the monolithic
CVD. However, considering the unfortunately large errors associ-
ated with the composite swelling measurement in the present
and previous works, this difference may be considered insignifi-
cant. There is no significant difference noted between the HNLS
and the SA3 fiber composites. Hegeman et al. [94] reports almost
identical longitudinal linear swellings for CVD SiC and SA-Tyranno-
hex™, which is a uni-directional bonded SA3 fiber composite, irra-
diated side by side in the High Flux Reactor (HFR, Petten) at 600 �C
and 900 �C to 1.1–2.0 dpa. Katoh [95] reports swelling for SA-Tyr-
annohex close to typical swelling for CVD SiC after irradiation in
HFIR at 320 �C to �6 dpa. These two reports imply no significant
difference in swelling behavior between the high-purity CVD SiC
and the SA3 fiber. Collectively considering these results, there is
no convincing reason to believe that the nuclear-grade SiC/SiC
composites undergo swelling to an extent significantly different
from that of CVD SiC.

Transient swelling behavior of CVD SiC has been given by the
following equation by Katoh et al. [159]:

_S ¼ ksc�1=3 exp � c
csc

� �
; ð3Þ
where _S denotes swelling rate, ks the rate constant for swelling, c
the fast fluence, and csc the characteristic fluence for swelling satu-
ration by the negative feedback mechanism. The �1/3 exponent for
fluence dependence comes of assumptions that the isolated self-
interstitial atoms (SIA’s) migrate to annihilate with immobile
vacancies through mutual recombination or to form/grow immobile
SIA clusters in planar configurations [96]. The exponential function
represents swelling saturation by unspecified negative feedback
mechanisms under an assumption that the sole negative term in a
rate equation for the total SIA cluster volume is proportional to
the total SIA cluster volume itself. Such mechanisms may include
the cascade resolution of the SIA clusters and the physical overlap-
ping of growing SIA clusters with neighboring vacancies. The model
neglects likely contributions from antisite defects to swelling. Using
the currently available experimental data for neutron irradiation
swelling of high-purity CVD SiC in the temperature range 200–
800 �C [17], the following polynomial fits may be suggested for
the rate constant and the characteristic saturation fluence as func-
tions of irradiation temperature in K.



Fig. 8. Dose-dependent evolutions of swelling given by Eqs. (3) and (4) for CVD SiC
and nuclear-grade CVI SiC/SiC.

Fig. 9. Thermal expansion of 2D SiC/SiC composites and comparison with that for
high-purity CVD SiC. Measurement orientation for 2D SiC/SiC samples was in-plane
along one of the fiber axes. 3C–SiC literature data was taken from Ref. [17].
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Ks ðTÞ ¼ 0:10612� 1:5904� 10�4T þ 6:0631� 10�8T2

csc ðdpaÞ ¼ 0:51801� 2:7651� 10�3T þ 9:4807� 10�6T2

� 1:3095� 10�8T3 þ 6:7221� 10�12T4 ð473 K < T < 1073 KÞ:
ð4Þ

Result of calculated fluence-dependent build-up of swelling is
given in Fig. 8 for a few selected temperatures. It is noted that very
high accuracy may not be expected for these fitting functions due
to the limited quality and quantity of swelling data previously pub-
lished for high-purity CVD SiC.
Fig. 10. Effect of neutron irradiation on linear thermal expansion of 2D SiC/SiC
composites. Orientation of composite samples was in-plane along one of the fiber
axes.
4.2. Thermal and physical properties

4.2.1. Thermal expansion
4.2.1.1. Non-irradiated property. The CTE values measured for SA3/
PyC150-A, HNLS/PyC150-A, and HNLS/PyC50-A are plotted in Fig. 9
as the temperature-dependent instantaneous values. Samples of
the Rohm & Haas high-purity CVD SiC were also measured side
by side with one of the composites in a parallel dilatometry unit,
and the result is plotted for comparison. The averages of two sam-
ples for each material were plotted; however, the differences be-
tween the replicate samples appeared negligible. As seen in
Fig. 9, all four materials exhibited exactly the same linear thermal
expansion behavior with no detectable differences between the
CVI composites and high-purity CVD SiC. A polynomial approxima-
tion found in the literature for 3C–SiC thermal expansion [17] is
also plotted showing reasonable agreement with the experimental
data for the temperature range below �750 K. This is obviously be-
cause the polynominal fit in Ref. [17] is appropriate only up to
�750 K. The present data can be fit by the following polynomial
expression:

a ð10�6=KÞ ¼ �0:7765þ 1:4350� 10�2T � 1:2209� 10�5T2

þ 3:8289� 10�9T3; ð5Þ

for 293 K < T < 1273 K.
As seen in Table 2, the typical fiber volume fraction and the typ-

ical porosity for the 2D composites tested are �40% and �20%,
respectively. This means that the fibers and the matrix should be
contributing to the composite CTE to about the same extent.
Assuming that the fiber CTE’s do not significantly differ between
the axial and radial orientations based on the microstructure
shown in Fig. 5, and because the CTE for the CVI matrix has to be
very similar to that for CVD SiC, the present result indicates CTE
values for the matrix SiC and the fibers are very close to each other
for the composites with both fiber types. The CTE for SA3 fiber is
reported by manufacturer to be 4.5 ppm/K for RT-1000 �C, agreeing
with the present data very well. The manufacturer-claimed value
of CTE for HNLS fiber is 5.1 ppm/K for RT-500 �C, more than 20%
higher than both the literature value for pure SiC and data obtained
in the present work for composites containing this fiber. However,
based on the present result, it is concluded that the CTE for the
HNLS fibers used in this work is closer to that of pure SiC than
the manufacturer-claimed values.

4.2.1.2. Effect of irradiation. The instantaneous CTE values mea-
sured for irradiated composite samples in the present work are
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plotted in Fig. 9 as a function of temperature. The effects of irradi-
ation appear minor for both irradiation temperatures and for the
composites with both fiber types. The current result confirms the
little to minor effect of irradiation on CTE for the near-stoichiome-
tric SiC composite materials. A closer look at Fig. 10 suggests the
slight, yet constant, CTE decrease over the entire temperature
range after irradiation at 830 �C for the composites with both fiber
types, possibly indicating the effect of lattice swelling on thermal
expansion. In contrast, the SA3 composite irradiated at 1270 �C
did not exhibit a hint of CTE modification. The slight increase in
CTE for the HNLS composite found after irradiation at 1270 �C can-
not be explained but is considered insignificant.

Fig. 10 also shows the onset of recovery of the transient swell-
ing when the temperature exceeds the irradiation temperature.
The recovery behavior for these two composite samples indicates
that the actual irradiation temperature of �810 ± 20 �C agrees rea-
sonably well with the irradiation temperature determined, as de-
scribed in Section 3.2. The current result demonstrates that the
CVI SiC-matrix composites with the Generation III SiC fibers may
be used as the irradiation temperature monitor as well as the
high-purity CVD SiC. Moreover, it proves that dilatometry-based
SiC thermometry is useful for irradiation temperatures well above
800 �C, where the previous work only reports results up to 760 �C
[97].
4.2.2. Thermal conductivity
4.2.2.1. Non-irradiated property. Thermal conductivity for nuclear-
grade 2D CVI SiC/SiC composites measured at room temperature
in the present work is summarized in Table 4, along with the data
found in open literature [69,73]. The room temperature thermal
conductivity values in the through-thickness direction for these
materials vary widely in the range of 8.5–18.1 W/m K for the HNLS
composites and 15.2–23.7 W/m K for the SA3 composites. These
numbers are substantially higher than the typical through-thick-
ness thermal conductivity for the non-stoichiometric SiC fiber
composites (4–8 W/m K) [86], owing to the increased thermal con-
ductivity of HNLS (18.4 W/m K) and SA3 (65 W/m K) as compared
Table 4
Room-temperature thermal conductivity for various 2D SiC/SiC composites in
unirradiated condition.

Material Orientation RT thermal conductivity
(W/m K)

Ref.

SA3/PyC150-A T/Ta 21.2 (0.4)c –
SA3/PyC50-A T/T 23.7 (0.4) –
HNLS/ML-A T/T 10.6 (0.2) –
SA3/PyC150-C T/T 18.9 (0.3) Nozawa et al.

[69]
HNLS/PyC150-

C
T/T 18.1 (0.3) Nozawa et al.

[69]
HNLS/PyC150-

D
T/T 14.1 (0.3) –

SA3/PyC150-D T/T 15.2 (0.4) –
SA3-P120/

PyC150
T/T 53.0 (13.5) –

SA3/ML-F T/T 22.9 (2.2) Katoh et al.
[73]

HNLS/ML-F T/T 8.5 (2.0) Katoh et al.
[73]

SA3/PyC150-C I/Pb 47.8 (1.3) Nozawa et al.
[69]

HNLS/PyC150-
C

I/P 34.7 (1.3) Nozawa et al.
[69]

SA3-P120/
PyC150

I/P 32.6 (0.5) Nozawa et al.
[69]

a Through-thickness.
b In-plane.
c Numbers in parentheses are one standard deviations.
to ceramic-grade Nicalon (�3 W/m K) and Hi-Nicalon (7.8 W/
m K). The consistent difference between the HNLS and SA3 com-
posites reflects the different thermal conductivity between the
two fiber grades.

It is noted that the variations in through-thickness thermal con-
ductivity for similar 2D CVI SiC-matrix composites with the identi-
cal fiber grade appear substantial, reaching ±40%, as compared
with the typical specimen-to-specimen variations from plates of
the identical lot material, which do not often exceed �10% when
measured by flash diffusivity method using 6- to 10-mm-diameter
specimens. Materials of particularly high porosity should exhibit
notably low thermal conductivity for an obvious reason. However,
data listed in Table 4 do not present a meaningful correlation with
porosity of the composites. The likely reason for this is that the
through-thickness thermal conductivity for the 2D architecture
composites is not determined by the total porosity but by primarily
by interlaminar porosity. The effectiveness of pores of various
types discussed in Section 2.1.3 on the composite thermal
Fig. 11. Temperature dependence of thermal conductivity for 2D SiC/SiC compos-
ites in unirradiated condition.

Fig. 12. Reciprocal thermal diffusivity for 2D SiC/SiC composites plotted against
temperature. Some of data were derived from literature [94,99].
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conductivity has been well demonstrated using a simple constitu-
tive model such as the serial-parallel approach [72,98]. One such
model explains the experimental through-thickness and in-plane
thermal conductivity data compared with the bulk thermal con-
ductivity of �70 W/m K for the CVI SiC matrix material and 2–
5 W/m K for the PyC interphase [72]. The in-plane thermal conduc-
tivity, which is less important for most applications, is governed
primarily by the effective axial fiber fraction along the direction
of heat transport and the matrix surrounding the axial fiber bun-
dles [72].

The temperature dependence of trans-thickness thermal con-
ductivity for selected materials is shown in Fig. 11. Thermal con-
ductivity of SiC composites often exhibits a peak or a bump
below 373 K because of the steep increase in heat capacity with
temperature up to about that temperature and the increased Umk-
lapp contribution with increasing temperature. The temperature
dependence is well depicted by plotting the reciprocal thermal dif-
fusivity against temperature in Fig. 12 where an approximately lin-
ear relationship is observed for all materials examined. It is noted
that the temperature coefficients for the reciprocal thermal diffu-
sivity fall in a range 0.02 ± 0.005 s/cm2 K for most composites, en-
abling prediction of elevated temperature thermal conductivity
based on the room-temperature values with reasonably small
uncertainty.

4.2.2.2. Effect of irradiation. The post-irradiation thermal conduc-
tivity for the nuclear-grade composites measured at room tem-
perature is compiled in Table 5 [73,100]. Significant decrease is
obvious regardless of irradiation condition. The change in ther-
mal conductivity during irradiation saturates at relatively low
fluence levels, typically before a few dpa is reached, depend-
ing on irradiation temperature in the same way that the tran-
sient swelling saturates. No departure from the saturation at
higher fluences has thus far been confirmed up to >70 dpa at
800 �C.
Table 5
Through-thickness thermal conductivity at room temperature for 2D SiC/SiC
composites in irradiated conditions.

Material Irradiation
condition

RT thermal
conductivity
(W/m K)

RT radiation
defect
thermal
resistivity
(W/m K)�1

Ref.

SA3/PyC150-A 830 �C, 5.9 dpa 6.2 0.11 –
1270 �C, 5.8 dpa 10.5 0.048 –

SA3/PyC50-A 830 �C, 5.9 dpa 8.1 0.081 –
1270 �C, 5.8 dpa 11.7 0.043 –

HNLS/ML-A 830 �C, 5.9 dpa 4.0 0.16 –
1270 �C, 5.8 dpa 6.4 0.062 –
800 �C, 40.7 dpa 2.7 0.28 Katoh et al.

[100]
800 �C, 71 dpa 4.2 (0.9)a 0.14
500 �C, 74 dpa 1.2 (0.2) 0.74
300 �C, 71 dpa 1.2 (0.3) 0.74

SA3/ML-F 440 �C, 0.8 dpa 3.8 0.22 Katoh et al.
[73]

450 �C, 2.0 dpa 3.3 0.26
500 �C, 3.0 dpa 3.9 0.21
850 �C, 3.5 dpa 5.6 0.14
860 �C, 5.3 dpa 7.3 0.093

HNLS/ML-F 440 �C, 0.8 dpa 1.3 0.65 Katoh et al.
[73]

450 �C, 2.0 dpa 1.5 0.55
500 �C, 3.0 dpa 2.4 0.30
850 �C, 3.5 dpa 2.4 0.30
860 �C, 5.3 dpa 2.6 0.27

a Numbers in parentheses are one standard deviations.
The effect of irradiation on the thermal conductivity of ceramics
can be adequately described by the defect thermal resistivity mod-
el proposed by Snead et al. [101],

K�1
irr ¼ K�1

0 þ K�1
rd ; ð6Þ

where K�1
irr and K�1

0 denote irradiated and unirradiated thermal
resistivity, respectively, and K�rd1 is the radiation defect thermal
resistivity that represents collective contributions from various
radiation-produced defects to the volume thermal resistivity. Note
that the unirradiated thermal resistivity may further be broken
down into Umklapp and as-fabricated defect contributions. The
radiation defect thermal resistivity values have been demonstrated
to be proportional to the magnitude of transient swelling [93].

In Fig. 13, irradiation temperature dependence of the radiation
defect thermal resistivity is shown for 2D SiC/SiC composites
[73,94]. Plotted together are the data for high-purity CVD SiC rep-
lotted from Refs. [17,102–104], showing a linear relationship be-
tween the radiation-defect thermal diffusivity and irradiation
temperature. It is interesting to note that while the trend of tem-
perature dependence is similar for all materials, different materials
exhibit different radiation-defect thermal resistivity with a ranking
order of HNLS composites > SA3 composites � SA-Tyrannohex
(hot-pressed SA3 fiber composite without the matrix) > CVD SiC.
This observation indicates an interesting trend that the materials
with the greater as-fabricated thermal resistivity develop the
greater radiation defect thermal resistivity for a given irradiation
condition.

Fig. 14 presents the thermal conductivity for the same mate-
rials plotted as a function of measurement temperature. The
through-thickness thermal conductivity for these materials indi-
cated only mild dependence on the measurement temperature,
similar to the results from other work [73]. This is because
the irradiated thermal resistivity in Eq. (6) is dominated by
the radiation-defect resistivity that exhibits weak temperature
dependence, as shown in Fig. 15. The as-fabricated defect ther-
mal resistivity is also anticipated to be insensitive to tempera-
ture. Because of the weak temperature dependence of these
defect thermal resistivity factors, the thermal conductivity of
the irradiated composites in general is only mildly correlated
Fig. 13. Radiation-defect thermal resistivity at room temperature for neutron-
irradiated 2D SiC/SiC composites plotted against irradiation temperature
[17,73,94,102–104].



Fig. 14. Through-thickness thermal conductivity of neutron-irradiated 2D SiC/SiC
composites as a function of measurement temperature.

Fig. 15. Radiation defect thermal diffusivity for neutron-irradiated 2D SiC/SiC
composites as a function of measurement temperature.
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with the measurement temperature, exhibiting an increasingly
negative correlation with the greater Umklapp contribution
(or lesser defect contribution). The temperature-dependent
thermal conductivity of irradiated SiC-based materials is predict-
able, to a certain extent, using Eq. (6), the relationship between
temperature and thermal diffusivity in Fig. 12, the fact that
the radiation defect thermal resistivity is roughly constant
over temperature, and limited experimental data at room
temperature.
4.2.3. Electrical conductivity
4.2.3.1. Non-irradiated property. Electrical conductivity is an
important property for SiC/SiC composites when they are
considered for such applications as the flow channel inserts for
liquid–metal-cooled fusion blankets and fission chambers for
high-temperature reactors. While the volume electrical resistiv-
ity of pyrocarbon interphase typically falls in the range �3 to
�10 � 104 S/m [105] and is only weakly temperature dependent,
SiC as a wide-gap impurity semiconductor is known to exhibit
resistivity in a wide range from semi-insulating to >100 S/m,
depending on the doping/impurity condition and temperature.
In other words, the SiC matrix conductivity can be tailored in
a fairly broad range, most commonly by adjusting the nitrogen
content in the same way as to control the electrical resistivity
of CVD SiC. In the SiC fiber-reinforced CVI SiC matrix composites,
therefore, it is anticipated that the electrical conductivity values
and their temperature dependence are significantly different be-
tween the fiber and the matrix.

Because of the strong temperature dependence of the SiC
electrical conductivity, at relatively low temperatures (typically
<�500 �C), the CVI SiC/SiC composite may electrically be de-
scribed as a body with conductive pyrocarbon interphase films
embedded in the significantly less-conductive SiC matrix. In this
regime of rPyC� rSiC, where r denotes electrical conductivity,
the bypass conduction through PyC dominates the composite
conductivity when the interphase forms an interconnected net-
work along the direction of electrical potential, whereas the
less-conductive SiC dominates when the PyC network is discon-
nected. These trends are clearly seen in Fig. 16 [41,43,106],
which shows the nearly temperature-independent electrical con-
ductivity for the in-plane (along one of the fiber axes) orienta-
tion for the 2D SiC/SiC composites due to the PyC bypass
mechanism. In the through-thickness orientation, the composite
exhibits lower electrical conductivity with a similar trend to
the in-plane orientation when the PyC network is intercon-
nected, whereas an Arrhenius-like trend becomes apparent when
the PyC network is disconnected.

Limited experimental data suggests that the simple model
below gives reasonable approximation of the in-plane (rip)
and through-thickness (rtt) electrical conductivity for the
orthogonal 2D SiC/SiC composites in the PyC network-domina-
tion regime.

rip � rPyCfPyC=2; ð7Þ
rtt � grPyCfPyC=2; ð8Þ

where fPyC denotes the volume fraction of PyC in the composite. g
(>0) is the networking efficiency factor for the through-thickness
conduction and is reported to takes values of �1 to a few percent
depending on the interphase thickness and the multi-layer configu-
ration [41].

4.2.3.2. Effect of irradiation. The effect of neutron irradiation on
electrical conductivity of SiC/SiC composites obviously depends
on but may also alter the dominating conduction mechanism.
The neutron irradiation may change the electrical conductivity of
PyC by a factor of 2 without altering its very weak temperature
dependence. The change may be an increase or a decrease, depend-
ing on the initial quality of PyC and the irradiation condition. In
contrast, the neutron irradiation effect on the SiC electrical conduc-
tivity is far more drastic because it involves alterations of species,
concentration, and mobility of the carrier. Therefore, when the
electrical conduction of the subject composite in the condition of
interest is controlled by the PyC bypass mechanism, the effect of
irradiation will be mild and more predictable. Otherwise, when
the composite electrical conductivity is governed by the electrical
properties of SiC, an experimental evaluation in the pertinent con-
dition will likely be required to determine the effects of irradiation.
Limited data that are available in the open literature indicate 0.1–
10 S/m for the non-bypassed through-thickness conductivity of 2D
SiC/SiC composites after neutron irradiation up to �41 dpa and in a
temperature range of 800–1120 �C [41,43].



Fig. 16. Temperature-dependent electrical conductivity for 2D SiC/SiC composites in unirradiated condition. Through-thickness electrical conductivity may be dominated by
PyC bypass or SiC matrix, whereas in-plane conductivity is dominated by bypass mechanism. I/P stands for in-plane. [41,43,106].

Table 6
Compilation of in-plane dynamic Young’s modulus, tensile tangent modulus, proportional limit stress, and ultimate tensile strength for various near-stoichiometric SiC fiber CVI
SiC matrix composites in 2D architectures in unirradiated condition. All tests were conducted at room temperature. Limited in-plane compressive properties are also included.
Numbers in parentheses denote one standard deviation.

Material Loading mode DynamicYoung’s
modulus (GPa)

Tangent
modulus (GPa)

Proportional limit
stress (MPa)

Ultimate
stress (MPa)

Strain to
failure (%)

No. of
tests

Ref.

SA3/PyC150-A Tensile, 0� 254 (11) 204 (14) 119 (20) 278 (22) 0.24 (0.03) 20 –
SA3/PyC50-A Tensile, 0� 273 (12) 232 (27) 105 (9) 287 (16) 0.22 (0.03) 8 Katoh et al. [68]
SA3T/PyC150-A Tensile, 0� 250 (16) 204 (20) 100 (17) 318 (33) 0.29 (0.05) 13 Katoh et al. [68]
HNLS/PyC150-A Tensile, 0� 224 (11) 151 (17) 79 (21) 343 (4) 0.85 (0.12) 4 Katoh et al. [68]
HNLS/PyC50-A Tensile, 0� 217 (22) 163 (23) 85 (8) 306 (15) 0.74 (0.08) 8 Katoh et al. [68]
HNLS/ML-A Tensile, 0� 210 (18) 176 (12) 107 (15) 230 (22) 0.20 (0.03) 6 Katoh et al. [68]
HNLS/PyC150-B Tensile, 0� – 257 (37) 110 (15) 378 (51) 0.61 (0.10) 12 –
SA3/PyC150-C Tensile, 0� – 273 (23) 103 (21) 199 (2) – 2 Nozawa et al. [69]
HNLS/PyC150-C Tensile, 0� – 244 (6) 101 (9) 226 (50) – 4 Nozawa et al. [69]
HNLS/PyC150-D Tensile, 0� 276 (9) 277 (8) 111 (14) 346 (39) 0.34 (0.05) 30 Nozawa et al. [70]

Tensilea, 0� – 256 (27) 114 (9) 348 (38) 0.62 (0.10) 4 Nozawa et al. [70]
Tensile, 45� 232 (11) 248 (21) 136 (8) 206 (19) 0.33 (0.20) 15 Nozawa et al. [70]
Tensilea, 45� – 232 (23) 102 (11) 206 (5) 0.44 (0.06) 4 Nozawa et al. [70]

SA3/PyC150-3-D Tensile, 0� 249 (7) 263 (15) 117 (13) 249 (23) 0.13 (0.05) 15 –
Tensilea, 0� – 259 (16) 93 (22) 236 (1) 0.19 (0.03) 3 –

SA3/PyC150-E Tensile, 0� – 263 (21) 116 (16) 269 (23) 0.20 (0.03) n/r Nozawa et al.[71]
Tensile, 45� – 220 (23) 112 (16) 174 (12) 0.15 (0.03) n/r Nozawa et al.[71]
Compressive, 0� – 289 (4) 396 (38) 427 (33) 0.15 (0.01) n/r Nozawa et al.[71]
Compressive, 45� – 249 (14) 411 (57) 426 (68) 0.16 (0.02) n/r Nozawa et al.[71]

SA3-P120/PyC150 Tensile, 0� 129 (21) 103 (22) 69 (28) 141 (60) 0.20 (0.10) 10 Nozawa et al. [69]
Tensile, 0� – 95 (10) 47 (1) 98 (1) – 4 Nozawa et al. [69]

HNLS/ML-F Tensileb, 0� – 226 (27) 94 (18) 281 (24) 0.28 (0.07) 15 Katoh et al. [73]
SA3/ML-F Tensileb, 0� – 218 (32) 112 (30) 266 (33) 0.22 (0.05) 10 Katoh et al. [73]

All other tensile tests were conducted by face-loading with gauge dimensions > 16 mm (L) � 4 mm (W) � 1.5–2 mm (t).
a Shoulder-loaded, gauge dimensions 32 mm (L) � 6.34 mm (W) � 3.38 mm (t).
b Shoulder-loaded, gauge dimensions 15 mm (L) � 3 mm (W) � 2.3 mm (t)
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4.3. Mechanical properties

4.3.1. Elastic constants
4.3.1.1. Non-irradiated property. The in-plane dynamic Young’s
modulus, tensile tangent modulus, tensile PLS, and the ultimate
tensile stress (UTS) for various 2D near-stoichiometric SiC fiber
CVI SiC matrix composites are compiled in Table 6 [68–71,73].
The tensile tangent modulus determined by uni-axial mechanical
testing typically falls in the range 200–280 GPa regardless of load-
ing orientation. Modulus values below this range were observed
for the three HNLS composites that bore unusually high porosity
and for the SA3-P120/PyC150 due to the extensive matrix micro-
cracking. In general, the tensile tangent modulus is found to be cor-
related with porosity, as shown in Fig. 17.



Fig. 17. Correlation between tensile tangent modulus and porosity.

Fig. 18. Correlation of dynamic Young’s modulus and tensile tangent modulus for
CVI SiC/SiC composites in unirradiated condition. Error bars indicate ± one standard
deviation.
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The dynamic Young’s modulus determined by the impulse exci-
tation and vibration method tends to be higher than the tensile
tangent modulus (Fig. 18). The more pronounced difference ob-
served in these two modulus values for the HNLS/PyC50-A and
HNLS/PyC150-A, both of which are of very high porosity, is consis-
tent with the explanation that the discrepancy may be attributed
to the differences in deformation mode and the range of strain.
Ishikawa et al. [98] and Morscher [107] have shown that rather
simple constitutive models based on the rule of mixtures are capa-
ble of reasonably explaining the elastic modulus for ceramic matrix
composite materials.

Table 6 includes information for anisotropic elastic properties,
which are important for the purpose of designing components with
these materials. It is shown that the tangent modulus along the
±45� orientation in the 2D 0�/90� lay-up architecture is �15% lower
than in the major fiber axis (0�/90�) orientation. The classical ply
theory [108,109] predicts the gradual variation of tangent modulus
with the rotation angle from its maximum at 0�/90� to the mini-
mum at ±45�. On the contrary, the in-plane Poisson’s ratio takes
its peak value at ±45� and minimum value at ±0�/90�. These trends
are very consistent for both tensile and compressive loadings [71].
Owing to the matrix being made of high-modulus SiC, in-plane
anisotropy in elastic properties is relatively insignificant for the
CVI SiC-matrix composites compared to the other composites with
less rigid matrices such as polymer-derived SiC and pyrolytic
carbon.

Sakata and Ohnabe [110] report a lack of significant effects on
elastic properties of CG-Nicalon CVI SiC composites at elevated
temperature up to 1200 �C. It is reasonable to assume that the
near-stoichiometric SiC fiber composites, with the high-tempera-
ture stability improved and the CTE mismatch issue mitigated,
maintain their room-temperature elastic properties up to the same
temperature in inert environments. However, the elastic modulus
of these composites should reflect the inherent temperature
dependence of the elastic modulus for SiC, which shows an �6%
decrease from room-temperature value to 1000 �C.

4.3.1.2. Effect of irradiation. The effects of neutron irradiation on the
dynamic Young’s modulus and tensile properties measured for the
2D SiC/SiC composites are summarized in Table 7 [69,73,87]. The
irradiation-induced changes in the dynamic Young’s modulus
and the tensile tangent modulus are shown in Fig. 19. Although
individual data suffer relatively large uncertainties, as represented
by the standard deviations shown by the vertical error bars, it is
observed that in general the Young’s modulus slightly decreased
very slightly after irradiation at below �1000 �C. Since the Young’s
modulus for a fiber-reinforced composite material is determined
by the rule of mixtures, the effect of irradiation for the composites
may be assumed to follow the trend for a monolithic beta-phase
SiC that is the sole constituent of the matrices and the main con-
stituent of the fibers. The effect of irradiation on Young’s modulus
of CVD SiC, or the dense polycrystalline form beta-phase SiC, is well
documented in Ref. [17] and is shown to decrease by up to a few
percent for irradiation at 800 �C. An approximately linear relation-
ship is anticipated between the Young’s modulus decrease and the
linear swelling by point defect accumulation with a correlation fac-
tor of �10, implying �7% decrease in Young’s modulus at 300 �C
after the swelling saturation at slightly over 2% in volume.

4.3.2. In-plane strength
4.3.2.1. Non-irradiated properties. The PLS is considered to be the
stress at which the matrix microcracks develop and start to open,
accompanying fiber–matrix debond while the bridging fibers re-
main largely intact. The composites studied mostly exhibited the
tensile PLS in the vicinity of 110 MPa, when tested using miniature
beam specimens, excluding data for materials with unusually low
density. The effects of specimen dimensions on the tensile proper-
ties are briefly discussed later. In Fig. 20, the tensile PLS is plotted
against the apparent mass density, clearly indicating the positive
correlation between these two composite attributes. The figure
also shows no obvious difference in the PLS between the 2D com-
posites made with HNLS and SA3 fibers, despite the significant dif-
ference in surface roughness between the two fibers.

The UTS values fell in the range 250–350 MPa for most compos-
ites evaluated or reported in literature. The UTS for a uni-direction-
ally reinforced continuous fiber composite with a brittle matrix is
given by Evans et al. [76] as

rUTS ¼ Vf rc �
2

mþ 1

� � 1
mþ1 mþ 1

mþ 2

� �
; ð9Þ

where rc and m denote the Weibull scale and shape parameters,
respectively, for the fiber strength. The typical volume fraction of
aligned fibers (�19%) and measured fiber strength properties (rc = -
�2.6 GPa for HNLS and �2.0 GPa for SA3, and m = 3–4 for both fi-
bers [73]) give an estimated UTS of slightly over 300 MPa for the



Table 7
Compilation of tensile tangent modulus, proportional limit stress, and ultimate tensile stress for CVI SiC/SiC composites in irradiated conditions.

Material Irradiation
condition

Dynamic
Young’s
modulus
(GPa)

Tangent
modulus
(GPa)

Proportional
limit
stress (MPa)

Ultimate stress
(MPa)

Strain to failure
(%)

No. of
tests

Ref.

SA3/PyC150-A Unirradiated 254 (11) 204 (14) 119 (20) 278 (22) 0.24 (0.03) 20
830 �C, 5.9 dpa 249 (20) 203 (18) 106 (15) 304 (38) 0.32 (0.06) 5
1270 �C, 5.8 dpa 248 (9) 212 (32) 96 (18) 274 (28) 0.26 (0.04) 6

SA3/PyC50-A Unirradiated 273 (12) 232 (27) 105 (9) 287 (16) 0.22 (0.03) 8
830 �C, 5.9 dpa 273 (–) 200 (–) 101 (–) 269 (–) 0.23 (–) 1
1270 �C, 5.8 dpa 267 (15) 218 (13) 122 (21) 279 (7) 0.23 (0.01) 5

SA3T/PyC150-A Unirradiated 250 (16) 204 (20) 100 (17) 318 (33) 0.29 (0.05) 13
830 �C, 5.9 dpa 239 (14) 185 (27) 109 (17) 273 (38) 0.25 (0.06) 5

HNLS/PyC150-A Unirradiated 224 (11) 151 (17) 79 (21) 343 (4) 0.85 (0.12) 4
830 �C, 5.9 dpa 202 (12) 145 (20) 77 (18) 309 (14) 0.73 (0.05) 8
1270 �C, 5.8 dpa 192 (8) 169 (14) 79 (15) 290 (17) 0.76 (0.09) 4

HNLS/PyC50-A Unirradiated 217 (22) 163 (23) 85 (8) 306 (15) 0.74 (0.08) 8
830 �C, 5.9 dpa 216 (21) 163 (23) 85 (8) 306 (15) 0.74 (0.08) 8
1270 �C, 5.8 dpa 189 (13) 164 (23) 70 (18) 300 (13) 0.76 (0.08) 8

HNLS/ML-A Unirradiated 210 (18) 176 (12) 107 (15) 230 (22) 0.20 (0.03) 6
830 �C, 5.9 dpa 206 (15) 185 (25) 103 (18) 249 (28) 0.27 (0.06) 6
1270 �C, 5.8 dpa 208 (10) 177 (25) 100 (18) 234 (21) 0.27 (0.06) 6

HNLS/PyC150-B Unirradiated – 257 (37) 110 (15) 378 (51) 0.61 (0.10) 12
830 �C, 5.9 dpa 225 (6) 204 (37) 113 (15) 295 (36) 0.60 (0.12) 6
1270 �C, 5.8 dpa 283 (11) 231 (14) 104 (12) 339 (40) 0.74 (0.14) 4

SA3-P120/PyC150 Unirradiated 129 (21) 103 (22) 69 (28) 141 (60) 0.20 (0.10) 10 Nozawa et al.
[69]

830 �C, 5.9 dpa 112 (19) 90 (13) 62 (16) 129 (33) 0.25 (0.10) 5
HNLS/ML-F Unirradiated – 226 (27) 94 (18) 281 (24) 0.28 (0.07) 15 Katoh et al. [73]

1000 �C, 5.3 dpa – 243 (37) 136 (25) 243 (41) 0.17 (0.06) 20
220–350 �C, 0.48–
0.96 dpa

– 212 (38) 116 (15) 229 (39) 0.17 (0.05) 8

480–610 �C, 1.6–2.8 dpa – 213 (28) 113 (18) 182 (30) 0.12 (0.04) 11
SA3/ML-F Unirradiated – 218 (32) 112 (30) 266 (33) 0.22 (0.05) 10 Katoh et al. [73]

380–420 �C, 0.31–1 dpa – 220 (44) 106 (40) 241 (38) 0.21 (0.04) 9
460–530 �C, 1.2–1.8 dpa – 211 (19) 89 (19) 269 (21) 0.26 (0.04) 11
610–780 �C, 1.9–3.5 dpa – 207 (21) 88 (17) 248 (28) 0.26 (0.05) 15

SA3/PyC40, #1266 Unirradiated – 257 (32) 76 (31) 218 (18) – 6 Ozawa et al. [87]
740 �C, 3.1 dpa – 216 (11) 80 (9) 241 (30) – 3
750 �C, 12 dpa – 198 (19) 112 (12) 209 (11) – 3

HNLS/PyC40,
#1272

Unirradiated – 253 (25) 98 (17) 227 (27) – 10 Ozawa et al. [87]

740 �C, 3.1 dpa – 222 (33) 107 (9) 210 (18) – 3
750 �C, 12 dpa – 200 (5) 100 (18) 220 (16) – 4

Fig. 19. Tensile and dynamic Young’s moduli for irradiated CVI SiC/SiC composites
normalized to the unirradiated values. Vertical error bars indicate one standard
deviation. Horizontal error bars indicate ranges of nominal irradiation temperature.
Irradiation temperatures are slightly offset for visibility. The dashed line indicates
prediction based on assumed modulus–swelling relationship (see text for
discussion).

Fig. 20. Correlation between composite density and tensile proportional limit
stress.
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HNLS composites and slightly over 250 MPa for the SA3 composites.
Thus, the UTS values theoretically predicted for uni-directional
composites agree reasonably well with the values measured for
the 2D composites.



Fig. 21. Representative stress–strain evolutions during tensile tests of 2D near-stoichiometric SiC fiber CVI SiC matrix composites at room temperature in unirradiated
condition. Intermittent unloading–reloading sequences were incorporated to examine matrix cracking, permanent strain, residual stress, and hysteresis response.

Table 8
In-plane Poisson’s ratios and shear properties for 2D SiC fiber CVI SiC matrix composites [71].

Material Loading mode Poisson’s ratio Tangent
modulus (GPa)

Shear
modulus (GPa)

Proportional limit
shear stress (MPa)

Ultimate shear
stress (MPa)

Ref.

SA3/PyC150-E Tensile, 0� 0.13 (0.02) 263 (21) 116 (11)a Nozawa et al.[71]
Tensile, 45� 0.25 (0.01) 220 (23) 88 (10)a

Compressive, 0� 0.13 (0.01) 289 (4) 131 (3)a

Compressive, 45� 0.23 (0.00) 249 (14) 107 (6)a

Iosipescu, 0� 99 (14) 132 (31) 153 (34)

a Calculated from Poisson’s ratio and tangent modulus.
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Typical stress–strain curves recorded during tensile tests of
the composites are presented in Fig. 21. Intermittent unloading–
reloading sequences were incorporated in all of these tests in
order to determine the matrix crack accumulation, residual mis-
match stress, permanent strain, and the interfacial sliding stress
parameters based on the hysteresis responses. Details of these
hysteresis analyses are found in other publications [111,112].
The intermittent unloading–reloading may possibly introduce
additional damage as compared to monotonic loading, though
Katoh et al. have shown insignificant effects on the tensile
properties determined due to a limited number of unloading–
reloading sequences [73].

As shown in Fig. 20, the HNLS composites generally show an
extensive second linear segment in the tensile stress–strain behav-
ior, whereas the SA3 composites tend to fail before the apparent
matrix crack saturation is achieved. This difference is attributed
to both a somewhat lower tensile strength and a larger interfacial
sliding stress due to the enhanced surface roughness of the SA3 fi-
ber. The previous study indicated that a PyC layer thickness greater
than �250 to �650 nm is needed for the 2D SA3 fiber composites
to achieve the extensive second linear behavior. The HNLS/ML
exhibits similar tensile behavior to the SA3 composites, implying
higher-than-optimum interfacial sliding stress. This indicates that
the critical thickness of the PyC interphase for fully graceful failure
of HNLS composites lies between �20 nm, the thickness of the
innermost PyC layer in the ML interphase in this work, and
�50 nm that has been shown to enable matrix crack saturation
in this and previous [46] works. Beyond 50 nm, it has been shown
that there is only very minor effects for PyC interphase thicknesses
up to �300 nm on PLS or UTS of near-stoichiometric CVI SiC/SiC
[113]. The results of this study further confirmed this observation
for the 2D HNLS fiber composites. The SA3-P120/PyC150-A com-
posite exhibited poor tensile properties due primarily to the low
axial fiber loading.
In-plane shear properties are generally evaluated by the Iosip-
escu method (ASTM C1292) or the off-axial tensile method [114].
In the latter case, without considering the mixed failure mode
criteria (e.g., Tsai-Wu criteria [115]), the obtained data are al-
ways underestimated regardless of material type or fabric archi-
tecture [71]. In contrast, the Iosipescu method, which can
theoretically produce a purely shear in-plane stress field across
the tested cross-section of concern, is more beneficial. Table 8
lists in-plane shear modulus and in-plane shear stress obtained
by the Iosipescu method. Similar to the tensile case, the stress–
strain curve generally shows initial linearity, followed by a
non-linear section due mainly to progressive accumulation of mi-
cro-cracks beyond the proportional limit. The main crack then
propagates between two notches at the maximum stress. In
many cases, the tortuous crack path provides some biases on
the data, requiring this issue to be carefully discussed in precise
evaluation of the data.

Table 8 also lists the elastic properties, that is, tangent modulus
and Poisson’s ratios, by various test modes and loading directions.
The elastic modulus generally decreases with increasing loading
angle apart from the fiber longitudinal direction and vice versa
for the Poisson’s ratio. It is well known that the anisotropy of the
elastic properties of most types of composites can simply be de-
scribed using classical theories, that is, the rule of mixtures [108]
and the ply theory [109]. The same is true for the nuclear-grade
SiC/SiC composites.

4.3.2.2. Effects of gauge dimensions on in-plane tensile properties. For
most irradiation studies, test specimens are used that are signifi-
cantly smaller than the standard specimens recommended in the
ASTM test standards or that are used in standard practices. Such
compromises are in most cases inevitable because of the space
availability (or affordability) in irradiation vehicles. Therefore, it
is important to establish understanding of the effects of test



Fig. 22. Effects of neutron irradiation on tensile proportional limit stress for various
2D CVI SiC/SiC composites. Irradiation conditions are 5.9 dpa at 830 �C and 5.8 dpa
at 1270 �C. Error bars indicate ± one standard deviation.

Fig. 23. Effects of neutron irradiation on ultimate tensile stress for various 2D CVI
SiC/SiC composites. Irradiation conditions are 5.9 dpa at 830 �C and 5.8 dpa at
1270 �C. Error bars indicate ± one standard deviation.
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specimen dimensions on the composite properties, in particular
strength.

From many studies of the specimen size effect on various types
of SiC/SiC composites through different processing routes [116–
118], it is understood that there is no marked gauge size effect
shown for the axial (0� loading) tensile strength in the case where
at least a few numbers of the unit structure (e.g., fiber bundle inter-
val) are included in the gauge. For the typical 2D woven fabric SiC/
SiC composites with nt = �0.6 mm�1 in-plane and np = �4 mm�1

through-thickness, tensile test specimens with a gauge width
>�3 mm and a thickness >�2 mm are commonly used for neutron
irradiation studies and have been demonstrated to provide on-axis
tensile properties that are reasonably reproducible and compara-
ble with the properties obtained using larger test specimens.

Conversely, if the specimen size is nearly equivalent to or smal-
ler than the structural unit size, the actual fiber volume fraction
and porosity significantly vary and unevenly distribute, resulting
in apparent effects on the on-axis strength properties such as in-
plane PLS and UTS. However in such cases, it has been shown that
the PLS and UTS values still reasonably represent the properties of
larger test specimens when normalized to the actual axial fiber
volume fractions measured for individual test specimens
[116,117].

Contrary to the tensile strength in one of the principal fiber ori-
entations, the off-axis in-plane tensile strength seems to decrease
as the specimen width decreases, particularly to below twice the
unit cell width [116,118]. Typical fracture surfaces after off-axis
tensile failure show the main crack propagation along the fibers
rather than perpendicular to the loading direction. This indicates
the importance of the roles of the in-plane shear and inter-laminar
detachment modes, both of which are considered as major failure
modes, and/or combined effects (e.g., tensile, compressive, in-
plane shear, and inter-laminar detachment). In a separate discus-
sion of the size effect on the in-plane shear properties by the Iosip-
escu tests, which can theoretically generate the pure in-plane
shear stress field in the composites, no noticeable specimen width
effect was reported [116,118]. Alternatively, the inter-laminar
shear detachment mode will impact the results, but the extent of
the impact is presently uncertain. Further investigation is therefore
necessary to find the key mechanism. In contrast, no notable spec-
imen length and thickness effects are obtained.

4.3.2.3. Effect of irradiation. Table 7 summarizes the effects of neu-
tron irradiation on the in-plane tensile properties of the nuclear-
grade CVI SiC/SiC composites from the present work and found
in the literature [69,73,87]. In general, it is safe to say that there
are not substantial effects of neutron irradiation on the tensile
strength properties in the irradiation conditions tested. In fact,
the difference between the pre-irradiation and post-irradiation
values for PLS or UTS for these composites barely exceeds one stan-
dard deviation, as seen in Figs. 22 and 23, which visualize the ef-
fects of irradiation on the tensile PLS and UTS, respectively.
Furthermore, no significant or detrimental effects of irradiation
on the tensile load–displacement curves have been noted or re-
ported [68].

As discussed above, the composite UTS is governed ideally by
the statistical strength properties of the fibers alone. Thus the
insensitivity of UTS to irradiation implies lack of irradiation ef-
fects on the in situ strength of either type fiber, if not strengthen-
ing. Some of the data published in literature indicate a slight
increase in UTS for similar composites after neutron irradiation
[73,119], implying slight irradiation-induced strengthening for
these fibers.

The composite proportional limit is considered to approxi-
mately correspond with the condition in which a transverse crack
is developed in the matrix surrounding 0� fiber bundles, or 0�
minimatrix [74]. When elastic moduli for the matrix and fibers
are given and constant, tensile stress loading to the 0� minimatrix
is determined solely by the tensile stress to composite and resid-
ual thermal stress. According to a model by Curtin [120], the cri-
terion for cracking of the 0� minimatrix is proportional to the 1/3
power of the interfacial sliding stress and the matrix fracture en-
ergy, again with elastic moduli remaining constant. Katoh et al.
showed the decrease in residual thermal stress, which is caused
by irradiation lowering the matrix cracking stress, is compensated
by the likely increase in true matrix cracking stress by irradiation
[68]. The irradiation-induced increase in fracture toughness of
CVD SiC has been discussed and perceived likely [17,121]. The ef-
fects of irradiation on the interfacial sliding properties will be dis-
cussed later.



Table 9
Statistical tensile properties for selected near-stoichiometric SiC fiber CVI SiC matrix composites in 2D architectures.

Materiala PLS (MPa), normal
average

PLS,
CVb

PLS (MPa), Weibull
char.

PLS, Weibull
modulus

UTS (MPa), normal
average

UTS,
CVb

No. of
tests

Ref.

SA3/PyC50&150-A 113 0.16 120 7.5 280 0.08 28 –
HNLS/PyC50&150-

A
83 0.15 88 7.3 318 0.04 12 –

SA3T/PyC150-A 100 0.17 107 6.9 318 0.10 13 –
HNLS/PyC150-B 110 0.14 117 7.9 378 0.13 12 –
HNLS/PyC150-D 111 0.13 117 11.0 346 0.11 30 –
HNLS/PyC150-D

(±45�)
121 0.19 129 6.0 206 0.09 15 –

SA3/PyC150-D 107 0.20 116 5.8 249 0.09 15 –
SA3/ML-F 112 0.27 127 3.7 266 0.12 10 Katoh et al.

[73]
HNLS/ML-F 94 0.19 101 5.8 281 0.09 15 Katoh et al.

[73]

a Test orientation is 0�/90� unless otherwise noted.
b Coefficient of variation.
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4.3.3. Statistical strength
A comprehensive study on the statistical mechanical properties

of a continuous SiC fiber composite was performed by Gonczy and
Jenkins for Sylramic S-200, a 2D ceramic-grade Nicalon-reinforced
silicon carbonitride matrix composite [122]. The results of the
study indicate that the statistics for the UTS is best described by
a normal or lognormal distribution but is only poorly described
by the two-parameter Weibull distribution. Based on that, the
UTS is statistically analyzed under an assumption of normal distri-
bution in this work. Note that adequacy of the assumption for two-
parameter Weibull distribution has not been validated for the PLS
either, though the two-parameter Weibull analysis is provided for
the PLS below.

Statistical tensile properties acquired in the present work are
summarized as the coefficient of variation (CV) for the PLS and
UTS and the two parameter Weibull statistic for the PLS, in Table 9.
Because the tensile properties for the composites with nominally
50 nm and 150 nm PyC interphases appeared very similar, the data
for both interphase composites were combined to maximize popu-
lation of the data set. Data from Ref. [73] for similar materials are
Table 10
Statistical tensile properties for irradiated CVI SiC/SiC composites. Statistical flexural streng

Material Irradiation
condition

PLSa (MPa), normal
average

PLSa,
CV

PLSa (MP
char.

SA3/
PyC50&150-
A

Unirradiated 113 0.16 120

800 �C, 5.9 dpa 101 0.13 107
1300 �C, 5.8 dpa 108 0.19 117

HNLS/
PyC50&150-
A

Unirradiated 83 0.15 88

800 �C, 5.9 dpa 74 0.24 81
HNLS/ML-F Unirradiated 94 0.19 101

1000 �C, 5.3 dpa 136 0.18 147
480–610 �C, 1.6–
2.8 dpa

113 0.16 121

SA3/ML-F Unirradiated 112 0.27 124
460–530 �C, 1.2–
1.8 dpa

89 0.21 96

610–780 �C, 1.9–
3.5 dpa

88 0.19 95

CVD SiC (R&Hb) Unirradiated 417 0.20 451
800 �C, 5.9 dpa 429 0.17 458
1300 �C, 5.8 dpa 412 0.18 442

a Flexural strength for CVD SiC.
b Rohm and Haas advanced materials.
shown together. Among the data sets consisting of more than 10
test populations listed in Table 9, only two data sets are based on
the test populations that are considered to be the minimum to gen-
erate the two-parameter Weibull statistics (�30). However, the
statistical tensile properties appear reasonably consistent across
materials in different production lots or with different fiber grades
or interphases.

The UTS generally suffers moderate scatter with typical coeffi-
cients of variation (CV’s) on the order of �0.1. This is due to the fact
that the UTS is determined mainly by the statistical strength prop-
erties of a large number of the reinforcing fibers, as ideally de-
scribed by Eq. (9), contrasting with the larger scatter for the PLS
that is determined by statistical cracking of a much smaller num-
ber of the mini-matrix elements.

In fact, CV’s for the PLS fall mostly in a range 0.15–0.2, with an
average of �0.18. The Weibull moduli of 6–8 correspond with
these relatively significant scatters in the PLS, with a few excep-
tions, as shown in Table 9. The data in Table 9 also suggests that
the Weibull modulus of �10 will be achievable for the PLS with a
carefully controlled fabrication process. These values also coincide
th data for high-purity CVD SiC obtained in the same experiment are shown together.

a), Weibull PLSa, Weibull
modulus

UTS (MPa), normal
average

UTS,
CV

No. of
tests

7.5 280 0.08 28

7.1 291 0.06 6
5.9 273 0.09 11
7.3 318 0.04 12

4.6 305 0.05 16
5.8 281 0.09 15
6.2 243 0.17 20
7.4 182 0.16 11

4.5 266 0.12 10
5.3 269 0.08 11

6.2 248 0.11 15

5.7 – – 30
7.2 – – 23
6.5 – – 27
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with the typical Weibull moduli for flexural strength of CVD SiC.
The Weibull modulus for high-purity CVD SiC has most commonly
been reported to be within a range of 6–10 [17].

Results of a statistical analysis on tensile properties for the irra-
diated composites are summarized in Table 10. No outstanding ef-
fects of irradiation on CV’s for UTS or PLS were observed,
confirming the general lack of significant effects on the mechanical
properties for SiC/SiC composites in this class. The lack of irradia-
tion effects on the statistical aspects of the UTS confirms the irra-
diation tolerance of the fibers in terms of the in situ statistical
strength. Although the CV’s for the PLS appear to slightly decrease
after irradiation, the changes stay within the statistical uncer-
tainty. Overall, the effects of neutron irradiation on the statistical
strength properties do not appear significant for these materials;
however, more data will be needed when the failure probability
as a function of loading condition is an important design concern.

4.3.4. Interface properties
4.3.4.1. Non-irradiated property.
4.3.4.1.1. Interface properties. Single-fiber push-out tests were con-
ducted at room temperature using a nano-indentation test system.
A thin-strip sample with a thickness of 30–220 lm was bonded on
the holder with narrow grooves. The fibers above the grooves were
then randomly selected, and each fiber was loaded by monotonic
compression. Fig. 24 shows a typical load vs. displacement curve
with schematic test images. From the figure, two push-out param-
eters, (1) a debond initiation stress (rd) and (2) a complete debond-
ing and sliding stress (rmax), are experimentally obtained. Then,
two interfacial shear properties, (1) an interfacial debond shear
strength, IDSS (ss) as a critical shear stress to induce an interfacial
crack along the bonded F/M interface, and (2) an interfacial friction
stress, IFS (sf) at the debonded interface, are calculated using these
experimental results. Of various analytical models [123–131], a
non-linear double shear-lag model with consideration of the axial
and radial anisotropy [131] was employed to determine ss with
consideration of (1) the radial dependence of the axial stresses in
both the fiber and the matrix, (2) the shear stress distribution in
the matrix, (3) the exact equilibrium equation in relating the tan-
gential stress to the radial stress at the interface, and (4) anisotropy
of the constituents. Specifically, residual stresses induced by ther-
mal expansion mismatch and by differential swelling among the fi-
ber, F/M interphase, and matrix can be discussed together in the
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Fig. 24. Typical load-vs.-displacement curve of the single-fiber push-out test for the fiber
(b). The load initially increases with penetration of the indenter tip, and then an interfaci
the load further increases and achieves the maximum by the completion of debond, an
increase of the load after sliding is due to contact of the indenter edges with matrix.
model, although the effect of dynamic phenomena such as irradia-
tion creep of SiC and PyC was ignored for simplicity. In contrast,
the updated Shetty’s model [129] was applied to determine sf for
the debonded interface. Details of the single-fiber push-out test
technique have been described elsewhere [131].

Fig. 25 shows the effects of PyC interlayer thickness on the
interfacial debond shear strength (IDSS) and the interfacial friction
stress (IFS) at room temperature for non-irradiated CVI-SiC/SiC
composites. Note that with many assumptions in analysis of the
push-out test, data scatter of the plots is due primarily to the ana-
lytical aspects such as non-uniform distribution of the pores and/or
scatter of the fiber diameter, as well as technical aspects such as
precision of the specimen surface preparation by metallographic
polishing.

For the PyC monolayer composite case, IDSS tends to decrease
with increasing PyC interlayer thickness. The trend of the IDSS
reduction is quite similar to that of the proportional limit stresses
from tensile tests [47]. For both micro- and macro-strengths, it is
well known that the thermally induced residual stress affects these
strengths. Recent parametric studies by Nozawa et al. [131] dem-
onstrated the possible degradation of the thermally induced radial
clamping stress at the F/M interface with increasing PyC interlayer
thickness when assuming that the coefficient of thermal expansion
of Hi-Nicalon Type S fiber is greater than that of CVD-SiC. For the
multilayer composites, the first PyC interlayer adjacent to the fiber
is very important in precise discussion since the main crack gener-
ally propagates along or within the first PyC layer. When summa-
rizing push-out data from the first PyC interlayer thickness, it was
found that the extrapolation of the trend of IDSS for the PyC mono-
layer composites agreed with the data point of the multilayer
composites.

In contrast, there appears no notable interlayer thickness
dependency for IFS, considering the trend taken from the results
of the PyC monolayer composites. However, the multilayered
interface composites with very thin (�20 nm) PyC layers show
twice the IFS of the PyC monolayer composites. This is because
the interfacial friction depends more on surface roughness rather
than the thermally induced residual stress [131]. In contrast, it
was reported that the effect of the surface roughness becomes very
minor if the PyC interlayer thickness exceeds the maximum fiber
surface roughness [132]. The maximum surface roughness of the
Hi-Nicalon Type S fiber is approximately 8–15 nm [132,133], and
4000

Fiber

4mm

(b)

/matrix interfacial shear evaluation (a) and a typical pushed-out fiber surface image
al debond occurs from the loading front side. With expansion of the debonded area,
d rapid displacement increase is then obtained by sliding at the interface. Further



Fig. 25. Effects of PyC interlayer thickness on the interfacial debond shear strength (a) and the interfacial friction stress (b) at room temperature. Note that the thickness of
the inner PyC adjacent to the SiC fiber is used in the plotting of multi-layered PyC/SiC interface test cases.
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therefore the present data for the PyC monolayer composites were
nearly equivalent. Since the multilayer composites have a very thin
(20 nm) PyC layers, strong friction at the F/M interface will be
anticipated. Specifically, in most cases, the main crack propagated
within the first PyC interlayer, giving a more tortuous crack path,
that is, increased surface roughness. The increased surface rough-
ness eventually raised the interfacial friction significantly.
4.3.4.2. Effect of irradiation. Fig. 26 shows the neutron irradiation
effects on the interfacial debond shear strength (IDSS) and the
interfacial friction stress (IFS) for CVI-SiC/SiC composites. At lower
dose (�10 dpa) irradiation, both IDSS and IFS first decrease with
increasing neutron dose and then approach a constant. Specifically,
it is speculated that the higher temperature (�1100 �C) irradiation
may enhance the reduction of the interfacial shear strength. This
trend is quite similar to that of the proportional limit tensile stress
of neutron-irradiated SiC/SiC composites, but of particular impor-
tance is that no significant degradation of the bulk strength was
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Fig. 26. Neutron irradiation effects on (a) the interfacial debond shear strength and (b) th
irradiation temperatures [131].
identified even though the reduction in interfacial strength was
notable [131].

The F/M interfacial properties depend significantly on the resid-
ual stress. The differential swelling among constituents (i.e., SiC fi-
ber, SiC matrix, and PyC interphase) will generate a complex stress
state at the F/M interface. Specifically, an irradiation-induced
dimensional change of carbon, for example, well-known ‘‘turn-
around’’ behavior, will have a greater effect than that observed
for SiC, the swelling of which saturates with a few dpa. By taking
swelling data of high-density isotropic carbon and high-purity
CVD-SiC, the analytical results clearly show the ‘‘turn-around’’
behavior of the irradiation-induced residual stress [131]. This pre-
liminary analysis includes some uncertainty in assumptions be-
cause of data scarcity such as irradiation creep, but it clearly
shows good agreement with the trend of the push-out test results.

Katoh et al. claimed that a reduction in the proportional limit
tensile stress by neutron irradiation does not imply a reduction
in the true matrix cracking stress [68]. Alternatively it is reasonable
to assume the possible irradiation-enhanced modification of the
(b)
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e interfacial friction stress. Note that the numbers embedded in the figures show the
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residual stress at the F/M interface to be similar to the irradiation-
induced change of the interfacial shear properties. In contrast, the
recent high-dose irradiation study implies probable deterioration
of the Hi-Nicalon Type S fiber itself, as well as interfacial degrada-
tion by irradiation up to 70 dpa, although further investigations are
necessary to support this conclusion [100].

4.3.5. Trans-plane strength
4.3.5.1. Inter-laminar shear strength. Results from the present inter-
laminar shear strength (ILSS) evaluation as determined by the dou-
ble-notched shear test are summarized in Table 11 for the unirra-
diated condition. All the SA3 2D composites exhibited similar
values of shear strength at 30–35 MPa despite the different fiber
thickness, interphase coating, and different yarns. The HNLS/ML
composite has a shear strength of �23 MPa. The HNLS/PyC150
and PyC50 composites exhibited significantly lower ILSS values
of �10 MPa. All three HNLS composites evaluated were of high-
er-than-usual porosity, as shown in Table 2, and in particular, the
HNLS/PyC150 and PyC50 suffered distinctively large inter-laminar
porosity, as shown in Fig. 6.

ILSS of CVI SiC/SiC reinforced with either UD HNLS or UD SA3
fiber, with various coatings, has been evaluated [113] by the same
method. The results showed that there was no significant differ-
ence among the shear strength values between the two fiber
grades or among different interphase coatings with the measured
ILSS values over the range of 54–63 MPa. This report suggests that
the variation in ILSS observed in the present study is due primarily
to the porosity effect. The significantly higher ILSS for the UD com-
posites likely reflects the lack of large inter-laminar pores in the
uni-directional architecture.

It is known that the ILSS of 2D SiC/SiC may be affected by the
interphase thickness. Lara-Curzio has demonstrated that the ILSS
of a CG-Nicalon reinforced CVI-SiC matrix composite significantly
decreases when the interphase PyC thickness is increased from
0.3 lm to 1.1 lm [134]. This trend is explained by the observation
that when a critical thickness is reached, the interphase itself be-
comes the weakest link replacing the matrix pores. In this study,
the ILSS is not affected by PyC coating thicknesses of 150 or
50 nm for either fiber grade, suggesting that the critical interphase
thickness is greater than 150 nm.

Detailed fracture surface examination revealed that failure oc-
curs when cracks connect large inter-laminar pores of high-poros-
ity composites, whereas the cracks propagate through (and/or
originate within) the transverse fiber tows in low-porosity com-
posites. Therefore, the ILSS for these materials with adequate ma-
trix densification is anticipated to be in the 30–35 MPa range.
These values appear comparable with the ILSS of 36 ± 6 MPa re-
Table 11
Inter-laminar shear (or trans-plane) strength for various CVI SiC/SiC composites as
determined by double-notch shear test per ASTM C1292-00. See text for explanation
for anomalously low strength of the two Hi-Nicalon Type S composites.

Material Condition ILSSa (MPa) No. of valid tests

SA3/PyC150-A Unirradiated 30.1 (3.3) 6
830 �C, 5.9 dpa 26.6 (6.7) 4
1270 �C, 5.8 dpa 30.7 (2.4) 4

SA3/PyC50-A Unirradiated 31.5 (4.0) 5
1270 �C, 5.8 dpa 27.2 (3.3) 5

SA3T/PyC150-A Unirradiated 33.4 (5.9) 5
HNLS/PyC150-A Unirradiated 10.7 (5.7) 8

830 �C, 5.9 dpa 11.4 (2.6) 4
1270 �C, 5.8 dpa 11.1 (2.3) 4

HNLS/PyC50-A Unirradiated 8.3 (3.8) 5
HNLS/ML-A Unirradiated 23.3 (5.5) 8
SA3-P120/PyC150 Unirradiated 24.8 (3.5) 6

a Inter-laminar shear strength or trans-plane shear strength (numbers in
parentheses denote standard deviations).
ported for high-density melt-infiltrated SiC/SiC composites in 2D
architecture [135]. Because of the crack propagation path that is
through the fabric planes in the adequately matrix-densified com-
posites, the term trans-plane shear strength may be more appro-
priate than the commonly used ILSS.

The Hybrid 3D composite exhibited an ILSS of �25 MPa, which
is slightly lower than that exhibited by the SA3 2D composites, de-
spite the presence of trans-thickness graphite fibers. This low ILSS
measured for the hybrid 3D composite may be attributed to the
extensive matrix cracking introduced by the thermal expansion
mismatch between the SiC matrix and the graphite fibers.

There is no statistically significant change in the ILSS following
neuron irradiation up to a fluence of 5.9 dpa at temperatures up to
1270 �C for all the materials studied, as shown in Table 11. Even
though the interphase properties presumably degrade at this flu-
ence and temperature [63,131], the apparent inter-laminar shear
strength of the composites is retained. This result supports the
observation that the trans-laminar shear failure is determined by
the crack propagation from the pore surfaces or fiber tows through
the intact matrix.

4.3.5.2. Trans-thickness tensile strength. As described in Section 3.1,
the trans-thickness tensile strength (TTS) was determined by the
diametral compression of truncated disc specimens. In this test
method, historically, the calculated tensile stress at the center of
the specimens at the apparent failure in the load–displacement re-
cord has been used as the nominal TTS for the test specimens.
However, the first cracking as detected by a pair of strain gauges
attached to both flat faces of the test specimen was found to be sig-
nificantly lower than the stress at the apparent failure [136].
Therefore, in Table 12, the stress at the first cracking is shown to
better represent the true TTS, while the stress at apparent failure
is also presented for comparison with the previous data. The cur-
rent result shows the TTS of 20–25 MPa and the apparent failure
stress of 30–35 MPa for the SA3/PyC150 composite, regardless of
the neutron irradiation. The CV’s appear comparable with those
for the in-plane tensile PLS.

2D SiC/SiC composites with CVI SiC matrices were tested in a
similar manner by Hinoki et al. [82]. The reported TTS values,
25–31 MPa for the SA3 fiber composite and 18–27 MPa for the
HNLS fiber composite, appear consistent with the present results
of the apparent failure stress. They also reported the negative cor-
relation between the TTS and the porosity and the insensitivity of
porosity-normalized TTS to the interphase thickness up to
�500 nm. The fracture surface presented in Fig. 27 exposes the
interior of the fiber tows, indicating that the major cracks are prop-
agating through and/or initiating from inside the fiber tows [137].
This observation, along with the negative porosity-TTS correlation,
indicates the importance of the matrix surrounding the fiber tows
in determining the TTS.
Table 12
Trans-thickness tensile strength for near-stoichiometric SiC fiber CVI SiC matrix
composites in 2D architectures as determined by diametral compression test.

Material Irradiation
condition

First cracking stressa

(MPa)
Failure stressb

(MPa)

Average (SDc) #d Average (SD) #

SA3/PyC150 Unirradiated 23.9 (5.4) 3 34.1 (3.2) 4
830 �C, 5.9 dpa 25.4 (11.3) 3 34.8 (6.2) 5
1270 �C, 5.8 dpa 20.5 (0.9) 4 29.7 (2.8) 5

a Considered to correspond with straight trans-thickness tensile strength.
b Shown to allow comparison with historical data.
c Standard deviation.
d Number of valid tests.



Fig. 27. Typical fracture surface of SA3/PyC150 specimens after diametral com-
pression trans-thickness tensile test. The inset shows extensive fiber breakage after
the intra-tow failure.
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Moreover, Hinoki et al. studied the TTS for UD SiC/SiC compos-
ites by both the diametral disc compression method and the
straight tensile test using adhesive bond per ASTM C1468 [113].
The strength values obtained were 26.9 MPa and 20.2 MPa for
the straight TTS of HNLS and SA3 composites, respectively, and
Fig. 28. Crack-extension behavior of 2D CVI SiC/SiC composites as evaluated using single
Load–crack opening displacement (COD) curves in (a) and (b) are horizontally offset for
23.8 MPa for the diametral compression TTS of the same SA3 com-
posite, showing a good agreement between results from the two
test methods. The fact that the UD composites exhibited signifi-
cantly higher ILSS than the similar 2D composites while the TTS
appeared similar for UD and 2D composites implies the key role
of the transverse fiber tows in the trans-plane shear failure of the
2D composites.

Table 12 also summarizes the TTS properties of the SA3/PyC150
after neutron irradiation. The results show a negligible effect of
irradiation at 800 �C and only a very slight effect (if at all) at
1270 �C. This observation supports previous findings that the TTS
is determined primarily by the matrix, which is insensitive to irra-
diation in terms of strength or toughness.

Overall, it is conceivable that the trans-plane strength proper-
ties of the 2D composites are determined by the intrinsic tough-
ness of the CVI SiC matrix and the morphological features and
porosity of the matrix, as determined by the fabric architecture,
lay-up scheme, and the degree of densification. Large interlaminar
and/or mesh pores may act as the fracture origin. However, the fi-
ber tows incorporating a network of the low-strength carbon inter-
phase may also act as flaws in the matrix continuum.
4.3.6. Damage tolerance
The damage tolerance properties of CVI SiC-matrix composites

and the toughening mechanism of composites by fiber bridging
(i.e., rising R-curve behavior) have been summarized in Refs.
-edge notched beam specimens in unirradiated and irradiated conditions [142,143].
visibility.
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[86,138], respectively. According to these references, two basic ap-
proaches are mainly adopted for the analysis of experimental re-
sults: (a) extended linear elastic fracture mechanics (LEFM) and
(b) energy-based non-linear fracture mechanics. In either case,
two issues must always be considered: (1) to what extent the LEFM
is applicable to the complex failure behavior of composites and (2)
whether ‘‘effective’’ crack length by the compliance method, which
is based on the LEFM and inherently for homogeneous materials,
can be representative of actual crack length. Additionally, for the
irradiation study, issues associated with the use of small specimens
need to be addressed.

As the practical procedure to estimate the reasonable damage
tolerance of ceramic matrix composites, Nozawa et al. proposed a
model of the composite damage progression [84,139]. This model
relies on analytical models of non-linear fracture mechanics
[84,140,141] using global energy balance, making it suitable for
the nuclear-grade SiC/SiC composites that exhibit quasi-ductile
failure. Quantification of damage tolerance was defined as fracture
resistance G (kJ/m2) contributed by macro-crack formation energy
instead of KIc. For evaluating the crack length, microscopic observa-
tion by replica films at each damage state was chosen. The results
of Mode I damage tolerance tests conducted are given below.

Technical detailed procedures and the results of the damage tol-
erance evaluation in the current experiment are summarized and
published elsewhere by Ozawa et al. [142,143] As the typical
load–crack opening displacement (COD) evolutions during the
SENB damage tolerance tests are shown in Fig. 28, the HNLS com-
posites in unirradiated and irradiated conditions exhibited the typ-
ical quasi-ductile fracture behavior. Microscopy examination of the
replica films taken intermittently from the SENB specimens re-
vealed the three distinct stages in the fracture process: (i) micro-
cracking-enabled deformation around the notch tip without
macro-cracking, (ii) initiation and linear extension of a macro-
crack, and (iii) macro-crack branching and progressive failure of
the bridging fibers.

In the HNLS/PyC150-A and HNLS/PyC50-A composite curves,
the hysteresis loops of load–COD unloading/reloading sequences
did not close at the end of the tests. The replica film observation
revealed that compressive failure had occurred at a support pin
due to the relatively high porosity, and the cracks originated there
propagated with increasing displacement toward the end of the
tests. Moreover, the SA3 composites exhibited the significantly less
quasi-ductile behavior, contributed by the higher interfacial
strength. The very rapid crack propagation across the specimens
prohibited detailed analysis of the progressive damage evolution.
Particularly, the SA3T/PyC150-A composites failed in a brittle man-
ner, whereas the other SA3 composites did not.

Analyzing the load–COD behavior based on the model [84] in
conjunction with the crack replica examination, one can estimate
the breakdowns of the work during a SENB test into elastic energy,
frictional energy dissipation at the interfaces, residual strain en-
ergy, and macro- and micro-crack surface formation energy. From
this analysis, as listed in Table 13, apparent fracture resistance as a
sum of macro- and micro-crack surface formation energy was
Table 13
Experimental data for damage tolerance properties of the 2D CVI SiC/SiC composites in unir
standard deviation.

Material Irradiation condition Gtotal (kJ/m2) Gmicro (kJ/m

HNLS/ML-A Unirradiated 3.41 (2.01) 0.34 (0.09)
830 �C, 5.9 dpa 3.48 (2.34) 0.44 (0.05)
1270 �C, 5.8 dpa 4.00 (1.81) 0.37 (0.10)

Gtotal , Gmicro , and Gmacro denote the energy release rate contributed both from macro- and
i.e., Gtotal ¼ Gmacro � Gmicro is an apparent fracture resistance of a composite.
obtained to be �3.4 kJ/m2 for the unirradiated HNLS/ML-A com-
posite. With the energy release rate contribution from micro-
cracking estimated to be on the order of �0.34 kJ/m2, the fracture
resistance for macro-cracking is estimated to be �3 kJ/m2. Signifi-
cant scatters in energy release rate of the composites are likely
attributed to the limited specimen size (the ligament length of
2 mm with 4 mm width) as compared to the weave unit cell size
(�2–2.5 mm square).

As shown in Fig. 28, no significant changes in various features of
the load–COD curves such as peak load and hysteresis loop width
were observed for either composite type following neutron irradi-
ation. For the HNLS/ML-A composite, no remarkable change in
crack length development was observed after neutron irradiation;
hence, no obvious effects of neutron irradiation on damage toler-
ance were estimated from the current model analytical result:
3.5 ± 2.3 kJ/m2 irradiated at 830 �C to 5.9 dpa and 4.0 ± 1.8 kJ/m2

at 1270 �C to 5.8 dpa. However, taking into consideration for the
tensile test results reported above, the analysis of the hysteresis
loop using the unloading/reloading tensile curves for interfacial
property estimation and this energy release rate analysis based
on non-linear fracture mechanics [143], it is reasonable to con-
clude that the effects of neutron irradiation in the current condi-
tions on the damage tolerance of these composites are
insignificant.

4.3.7. Life prediction and time-related failure
Nuclear-grade SiC/SiC composites have a robust microstructure

with regards to time-related thermal stability. All current nuclear-
grade SiC/SiC composites exhibit an inherent stability, without
consideration of irradiative effects, at temperatures up to
1400 �C, while stability can be as high as 1800 �C for some types
of nuclear-grade SiC/SiC [144–146]. This stability is primarily lim-
ited by grain growth in the fibers and an associated time-related
decrease in the properties as the grains coarsen with time. The
grain coarsening results in both a decrease in fiber strength and
an increase in fiber roughness that is detrimental to obtaining
tough composite behavior. This inherent, non-irradiated stability
is beyond the requirements of currently conceived nuclear applica-
tions; thus, the usable life of these materials will most typically be
determined by the stress state and environmental effects. Of these,
the most significant environmental factors are the presence of oxi-
dizing species (O2, H2O, CO2, etc.) and/or stress combined with ele-
vated temperatures. Life prediction is highly dependent on service
conditions. The estimates of capabilities of SiC/SiC composites in
the following discussion attempt to utilize what are believed to
be conservative estimates for the operating conditions of a high-
temperature gas-cooled reactor. These estimates have been made
to demonstrate viability and must be considered as estimates of
a likely suitable life envelope, but significant testing is required
to verify these preliminary estimates.

An overview of life-limiting mechanisms is best started by con-
sidering the effect of stress and temperature independent of other
environmental effects. Creep of SiC fibers has been well studied
[147,148]. With regards to commercially available nuclear-grade
radiated and neutron-irradiated conditions [143]. Numbers in parenthesis denote one

2) Gmacro (kJ/m2) No. of tests Ref.

3.08 (2.10) 3 Ozawa et al. [142,143]
3.04 (2.29) 2 Ozawa et al. [142,143]
3.63 (1.91) 2 Ozawa et al. [142,143]

micro-crack, only from micro-cracks, and only from the macro-crack, respectively;



Fig. 30. Estimated stress temperature limit for nuclear-grade SiC fibers for an HTGR
application involving a 60-year service life and 500-h maximum temperature event
with the only limitation being the creep of the fibers.
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SiC fibers, Hi-Nicalon Type S has superior creep resistance as com-
pared to Tyranno SA3. However, creep in CVD SiC [149] is only
measurable, >1 � 10�9 s�1, along the preferred f111g slip plane
at temperatures up to 1750 �C, and an unoriented CVI SiC matrix
is likely more creep resistant than either fiber, and undoubtedly
more creep resistant at temperatures in excess of 1350 �C. The
creep rate for NITE matrix material can reasonably be assumed
to be similar to that of Tyranno SA3 fiber due to the presence of
similar sintering aids. The controlling mechanism for steady-state
creep deformation of all these forms of SiC is diffusionally con-
trolled grain boundary sliding with different limiting diffusional
pathways [147,149]. The relative creep rates based on extrapola-
tion to lower temperatures relevant to HTGR’s are shown in
Fig. 29. In general, the creep rates for all the SiC constituent mate-
rials are low. This extrapolation to temperatures relevant to
HTGR’s presumes that there is no mechanism change at the lower
temperatures, and provides an initial estimate that the SiC materi-
als are no better than this limit. Based upon the fiber data in Fig. 29,
a stress–temperature envelope can be defined at different times.
The conservative case is that the SiC/SiC components would be ‘‘life
of the reactor’’ components with an expected service life of up to
60 years. A common normal reactor operating temperature for
planned HTGR’s that would incorporate SiC/SiC composites is
900–950 �C [150]. The ASME Boiler Code [151] provides one means
to calculate equivalent hours normalized to maximum service
temperature. Eq. (10) shows the sum of the different operating
times after normalization to the maximum operating temperature
as normalized using Eq. (11):

tequiv ¼
Xn

i¼1

ðtequivÞi; ð10Þ
log10ðtequivÞi ¼ 10þ log10ðtiÞð Þ Ti

Tmax

� �
� 10: ð11Þ

Thus a plot of stress vs. maximum service temperature can be
calculated for the intrinsic creep limitation of the composites. This
plot is shown in Fig. 30 as a function of maximum operating
Fig. 29. Extrapolated creep rates for nuclear-grade SiC/SiC constituents showing
that Tyranno SA3 is most susceptible to creep deformation, and that Hi-Nicalon
Type S may or may not be more creep resistant than CVD SiC based on temperature
and the resolution of the non-{111} orientations.
temperature for a normal service temperature of 950 �C and a
duration of 60 years. The higher creep resistance of Hi-Nicalon
Type S is evident; however, both fibers are capable of at least
69 MPa with a maximum service temperature of 1200 �C. Maxi-
mum composite stress was calculated assuming a 0.5% creep strain
limit and a nominal 36% fiber volume in a 0�/90� 2D laminate, with
the additional assumption that the entire load is carried by the fi-
bers in the stressed direction, that is, the matrix is not carrying
load. This assumption is made as the matrix material may become
cracked during service and thus is assumed have occurred at t = 0.
In addition to unintended loadings and slow crack growth that may
result in matrix cracking, stress redistribution during creep occurs
with the more creep-resistant phase increasing load as a function
of time. For a CVI SiC matrix SiC/SiC composite, the matrix stress
will increase with time and will result in matrix cracking unless
the initially applied stress is below a threshold stress such that
when the asymptotic load in the fiber is achieved, the matrix is be-
low its cracking strength. Models for determining the stress distri-
bution in a composite have been developed to aid in determining
this stress [152].

An understanding of the time-dependent behavior of the com-
posites in the environment of an HTGR is also needed. In particular,
the effects of small oxidizing partial pressures must be considered
due to the high flow rates of coolant gas. In the case of a SiC/SiC
with an uncracked matrix, the effect of the oxidizing species is
purely on the matrix and will generate a passivating oxide at con-
ditions below the passive/active oxidation threshold for SiC. In this
regime, the effect of the environment is limited to possible
enhancement of subcritical crack growth due to the time-related
formation of the oxide flaw population. Active oxidation rate of
the matrix is highly operational condition dependent and is not
of concern at temperatures below 1250 �C if the partial pressure
of oxygen is 1 Pa or more [153,154]. However returning to the
assumption that the matrix may crack, composite degradation
can occur due to oxidation embrittlement that bonds the matrix
strongly to the fibers, interfacial removal and decoupling of the
fibers that reduces load transfer in addition to the creep-related
life-limiting mechanism [155]. The effect of environmental degra-
dation on the reinforcing fiber and the change in fiber properties



Fig. 32. Larson Miller plot of Hi-Nicalon Type S/CVI SiC with a pre-cracked CVI SiC
matrix showing the effect of oxygen partial pressure and a projection to 2 Pa based
on a p0:3

O2
dependence.
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must also be considered. In particular, SiC fibers have been demon-
strated to be susceptible to environmentally assisted slow crack
growth [156,157]. Gauthier et al. showed that at moderate temper-
atures of 500–800 �C in air that the life of SiC fibers can be substan-
tially reduced by the slow crack propagation of surface defects
resulting from the consumption of carbon at the grain boundaries
and by stresses induced from the oxidation of silicon carbide at the
crack tip. This reduction can be catastrophic in that the time to fail-
ure for Hi-Nicalon Type S can be reduced to less than 1 week at
800 �C. Tyranno SA3 was found to be more resistant to this envi-
ronmental degradation, but still experienced a severe reduction
in life. Gauthier et al. found that the data followed a power law
relation of the form shown in equation:

trn ¼ A0 exp
Q

RT

� �
: ð12Þ

The A0 term can be modified to include the pressure depen-
dence and the order of the reaction as shown in Eq. (12) to consider
the effect of lower partial pressures of oxygen.

A0 ¼ A0pm
O2
: ð13Þ

Hi-Nicalon Type S/CVI SiC composites with a thin pyrolytic car-
bon fiber coating were tested in stress rupture in air and at reduced
oxygen partial pressures after pre-cracking the matrix by straining
to 0.05%. Fig. 31 shows that the oxygen partial pressure depen-
dence can be divided into two regimes. At high stress levels and
lower temperatures, the pressure dependence was found to be
nominally 1.0. In contrast, lower pressure sensitivity was identified
at low stress levels and higher temperatures, where a reaction or-
der of 0.3 was measured. It was not possible to force failure of the
composites at low stress levels and lower temperatures combined
with low oxygen partial pressures within a 500 h experimental test
time. Thus a conservative estimate on the order of a pressure
dependence of 0.3 was assumed for estimating life behavior at
lower oxygen partial pressures where failures did not occur within
the experimental test time. Two sets of stress rupture data were
accumulated at pO2

of 20 kPa and 100 Pa. This data was reduced
to a single time/temperature parameter using Larson–Miller crite-
ria of

LMP ¼ Tðlog10ðtÞ þ 22Þ; ð14Þ
Fig. 31. Stress rupture dependence on oxygen partial pressure of Hi-Nicalon Type S/
CVI SiC with pre-cracked matrix showing two regimes m = �1 at lower tempera-
tures and high stress levels and m = �0.3 at higher temperatures and lower stress
levels.
where T is the absolute temperature, and t is the stress rupture life
in hours. Fig. 32 shows this data along with an extrapolated behav-
ior to 2 Pa oxidizing partial pressure expected in an HTGR. Applica-
tion of this Larson–Miller plot at 2 Pa must be restricted at least by
conditions where active oxidation is not dominant, <1250 �C. Utiliz-
ing the same equivalent hours method of Eqs. (10) and (11), the
LMP value required would be 37,719 to meet the HTGR service con-
ditions of 950 �C for 60 years with maximum operating tempera-
ture of 1250 �C for 500 h. The stress level estimated to correspond
to this at 2 Pa oxidizing pressure is 480 MPa fiber stress, which con-
servatively assuming that the cracked matrix carries no load would
correspond to a composite stress of 86 MPa for a 36% fiber volume
0�/90� Hi-Nicalon Type S/CVI SiC composite. Thus the introduction
of the environment is significantly expected to reduce the load-car-
rying capacity of Hi-Nicalon Type S as compared to creep limitation.

Thus, for the example case of an HTGR with a 60-year life and a
normal reactor temperature of 950 �C, a 36% fiber volume, 0�/90�
fabric-based nuclear-grade Hi-Nicalon Type S/CVI SiC composite
can meet the requirements under a low oxidizing partial pressure
with maximum temperature event(s) of not more than 1250 �C and
a 90 MPa maximum stress level, and at one estimate [158] of
1150 �C for maximum material temperature, a maximum stress le-
vel of 110 MPa is acceptable. For comparison, a Tyranno SA3/CVI
SiC composite would be limited by at least creep to a 52 MPa stress
level. For design, these stress levels would be subject to either a
statistical variance, based on the lowest measured data point, or
other material property factor of safety.
5. Summary and conclusions

The primary purpose of this work was to provide a summary
compilation of properties for continuous near-stoichiometric SiC
fiber-reinforced, CVI SiC-matrix composites in as-fabricated and
neutron-irradiated conditions. Included in this compilation was
significant new work on the properties of such materials neu-
tron-irradiated at elevated temperatures. Typical properties of
composites with the 2D 0�/90� layup architecture are summarized
in Table 14.



Table 14
Summary to typical properties for nuclear-grade CVI SiC/SiC composites in flat, orthotropic, 2D lay-up architectures.

Property Unirradiated Neutron-irradiated

Density/fiber volume fraction/swelling 2.5–2.7 g/cm3 at RT for most materials Swelling in a very similar manner to CVD SiC (Figs. 7 and
8, Eqs. (3) and (4))15–20% porosity

35–40% fiber volume fraction
Thermal expansivity (CTE) Same with CVD SiC (Fig. 8) Very minor effect of irradiation (Fig. 9) (apparent CTE

changes as defect anneals at T > Tirr)
Specific heat (Cp) Very similar with CVD SiC No change assumed by irradiation (apparent Cp may

change as defect anneals at T > Tirr)
Thermal diffusivity (a)/conductivity

(K)
At RT, K = 8–15 W/m K for HNLS and 15–24 W/m K for SA3
composites

Eq. (6) and Fig. 12

For T > RT, d(1/a)/dT = 0.02 ± 0.005 s/cm2 K See discussion in Section 4.2.2.2
Electrical conductivity Highly tailorable (see Section 4.2.3.1). Typically 5–20 S/m

through-thickness and 100–500 S/m in-plane at RT < T < �800 �C
Irradiation effect not very significant

Young’s modulus 200–280 GPa at RT (in-plane) Minor decrease; DE/E0 = �(swelling)/3 � �10
Poisson’s ratio �0.13 for 0�/90�, �0.25 for ±45� (in plane) No significant change anticipated
Proportional limit stress (in-plane) Mostly 90–120 MPa No significant irradiation effect
Ultimate tensile strength (in-plane) 250–350 MPa for 0�/90� No significant irradiation effect

Significant orientation dependence
Statistical strength (in-plane) For PLS, CV = 0.15–0.2, Weibull modulus 6–8 No significant irradiation effect

For UTS, CV = �0.1
Trans-laminar shear strength 25–35 MPa No significant irradiation effect
Trans-thickness tensile strength 20–25 MPa No significant irradiation effect
Damage tolerance Macro-crack propagation resistance estimated to be �3 kJ/m2 No significant irradiation effect
Time-dependent failure Larson–Miller approach is proposed. See discussion in Section

4.3.7
Not sufficiently studied
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It is worth noting that the baseline properties for nuclear-grade
SiC/SiC composites are reasonably reproducible and the statistical
data indicate small scatters in strength, particularly the in-plane
tensile strength. The effects of neutron irradiation summarized in
this work are minimal with an exception of thermal conductivity
change. This favors the design and safety analysis of nuclear com-
ponents constructed from these materials.
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A dedicated framework for thermo-mechanical analysis of the in-pile performance of SiC/SiC composite
fuel cladding concepts in LWRs has been developed. This analysis framework focuses on cladding and
omits any fuel-cladding interaction and fuel behavior. Since radial expansion of the cladding occurs early
in life for these ceramic structures, fuel-cladding contact is expected to be delayed or eliminated and
therefore it is not considered in this analysis. The analysis inputs recent out-of-pile and in-pile materials
property data and phenomenological understanding of material evolution under neutron irradiation for
nuclear-grade SiC/SiC composites to provide a best-estimate analysis. The analysis provides insight into
the concept design and feasibility of SiC/SiC composite cladding concepts that exhibit significantly differ-
ent behavior than metallic cladding structures. In particular, absence of any tangible creep (thermal or
irradiation) coupled with a large and temperature-gradient-driven irradiation swelling strain gradient
across the cladding, drive development of large stresses across the cladding thickness. The resulting ana-
lysis indicates that significant stresses develop after a modest neutron dose (~1 dpa) and a pronounced
variation across the cladding thickness exists and is opposite to that observed for metallic cladding struc-
tures where swelling or growth strains are either negligible (with small temperature dependence) or
absent. Following this thermo-mechanical analysis, a best-estimate and parametric examination of SiC/
SiC fuel rod cladding structures has been performed using appropriate Weibull statistics to prescribe
basic design guidelines and to begin to define a probable design space.
The above paper on accident tolerant fuel cladding was published in a previous issue of the Journal of Nuclear Materials 447 (2014) 125–142.
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Unidirectional silicon carbide (SiC)-fiber-reinforced SiC matrix (SiC/SiC) composites fabricated by a nano-
infiltration and transient eutectic-phase (NITE) process were irradiated with neutrons at 600 �C to
0.52 dpa, at 830 �C to 5.9 dpa, and at 1270 �C to 5.8 dpa. The in-plane and trans-thickness tensile and
the inter-laminar shear properties were evaluated at ambient temperature. The mechanical characteris-
tics, including the quasi-ductile behavior, the proportional limit stress, and the ultimate tensile strength,
were retained subsequent to irradiation. Analysis of the stress–strain hysteresis loop indicated the
increased fiber/matrix interface friction and the decreased residual stresses. The inter-laminar shear
strength exhibited a significant decrease following irradiation.

Published by Elsevier B.V.
1. Introduction

The superior as-fabricated high-temperature mechanical prop-
erties and low-activation nuclear properties of silicon carbide
(SiC)-fiber-reinforced SiC matrix (SiC/SiC) composites make them
attractive as nuclear materials such as core constituents in light-
water reactors, control rods for high-temperature gas-cooled reac-
tors, and fusion blanket components [1]. Therefore, for nuclear
applications, the mechanical performances of these materials must
be retained under conditions of high temperature and neutron
irradiation.

Among the industrially available SiC/SiC composites produced
through various processing routes, chemically vapor-infiltrated
(CVI) SiC matrix composites with the Generation III near-stoichi-
ometric SiC fibers are presently considered as the reference nuclear
grade materials. An extensive compilation of the neutron-irradi-
ated properties for the CVI-SiC/SiC composites is now available
[2]. Neutron-irradiated CVI-SiC/SiC composites, having less-crys-
talline SiC-based fibers and a highly crystalline matrix, reportedly
exhibit interfacial debonding as a result of differential swelling
between the fiber that densifies and swells under irradiation and
the high-density matrix that only swells. Consequently, this results
in degradation of the mechanical properties of the composite in the
irradiated state [3]. In contrast, mechanical properties of the
CVI-SiC/SiC composites that have highly crystalline fibers and
matrices is not significantly altered subsequent to irradiation up
to 40 dpa [4]. Thus, the combination of a highly crystalline fiber
and matrix is essential for retention of mechanical properties dur-
ing irradiation.

While CVI-SiC/SiC composites possess in general attractive
properties, they are typified by 15–20% porosity. This translates
into up to �30% porosity in the matrix, considering the typical fiber
volume fraction of �35%, and is the major factor limiting the ma-
trix cracking stress and thermal conductivity of these materials
[2,5]. Moreover, it is relatively challenging for CVI-SiC/SiC compos-
ites to achieve gas tightness that is required for certain applica-
tions. The quest for SiC/SiC composites in which these limitations
are circumvented by achieving dense matrices has led to the devel-
opment of a nano-infiltration and transient eutectic-phase (NITE)
process [6]. The NITE process applied to SiC/SiC composite produc-
tion involves sintering of SiC nano-powder, carbon-coated highly
crystalline SiC fibers, and oxide additives. The porosity achieved
with this process is typically less than 5%, and excellent propor-
tional limit stress (PLS), reaching up to �360 MPa, has been re-
ported for laboratory-grade NITE-SiC/SiC composites [7]. The
thermal conductivities of NITE-SiC/SiC composites were also
reportedly significantly higher than those of CVI-SiC/SiC compos-
ites in unirradiated conditions [8].

There is currently a dearth of available information about the
effects of irradiation on the mechanical properties of NITE-SiC/
SiC composites, and the radiation stability of SiC sintered with
oxide additives is not well understood. The objective of this study
is to determine the effects of neutron irradiation on the mechanical
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properties of NITE-SiC/SiC composites. The irradiation strength of
monolithic SiC, as the matrix material of the NITE-SiC/SiC compos-
ite, is also examined.
2. Experimental

Unidirectional Tyranno™-SA3 SiC fiber (product type:
SA3-S1I16PX with nominal 7.5 lm diameter and 1600 filaments
per yarn) reinforced NITE-SiC matrix composites (Pilot grade #3,
Ube Industries, Ltd., Japan) were used as the test materials. Pyro-
lytic carbon (PyC) of 200–300 nm thickness was chemically va-
por-deposited onto the fiber surfaces. The fiber volume fraction
and porosity were �45% and �5%, respectively. Al2O3, Y2O3, and
SiO2 were used as sintering additives. Monolithic SiC, used as the
matrix of the NITE-SiC/SiC composite, was fabricated; this material
is referred to as NITE-SiC hereafter. The NITE-SiC was fabricated
from b-SiC nano-powder (Sumitomo Osaka Cement Co. Ltd., Japan,
T-1 grade), Al2O3 powder (Kojundo Chemical Laboratory Co. Ltd. Ja-
pan, mean diameter of 0.3 lm, 99.99% purity), Y2O3 powder (Koj-
undo Chemical Industries Ltd., Japan, mean diameter 1.0 lm,
99.99% purity), and SiO2 powder (Kojundo Chemical Laboratory
Co. Ltd., Japan, mean diameter of 1.0 lm, 99.9% up purity). The
oxide additives, comprising a total of 12 wt%, were mixed with
SiC powder and the combination was sintered by hot-pressing at
1800 �C, for 2 h, in an Ar atmosphere, under a pressure of
20 MPa. The porosity of NITE-SiC was less than 6%.

Neutron irradiation was conducted at the Japan Materials Test-
ing Reactor (JMTR) located at the Oarai Research Establishment of
the Japan Atomic Energy Agency or at the High-Flux Isotope
Reactor (HFIR) located at Oak Ridge National Laboratory. The spec-
imens were irradiated at 400–750 �C to 0.50–0.64 dpa for SiC (5.0–
6.4 � 1024 n/m2, E > 0.1 MeV; hereafter, 1.0 � 1025 n/m2 = 1 dpa is
assumed) for JMTR-04M18U campaign, at 600–800 �C to 0.52–
0.77 dpa for JMTR-05M19U campaign, and at 830–1270 �C to
5.8–5.9 dpa for HFIR-RB⁄-18J campaign. The irradiation conditions
are summarized in Table 1.

The tensile properties were examined using straight bar speci-
mens, the dimensions of which were 40 mm (l) � 4 mm
(w) � 2 mm (t). The fiber orientation was parallel to the loading
direction. The tensile test was conducted in the cyclic loading
mode. The peak tensile stress was incremented by 25 MPa in the
repeated unloading–reloading sequences. The experimental proce-
dure follows the general guidelines of ASTM C1275, with the
exception that cyclic loading was adopted. PLS was defined as
the stress at 5% stress deviation from the extrapolated linear seg-
ment used for the modulus determination. The trans-thickness
tensile strength was evaluated using a diametral compression test
method [9]. Truncated disk specimens (diameter: 4 mm, thickness:
Table 1
Summary of neutron irradiation conditions and post-irradiation experiments for monolithi
the conditions studied.

Reactor Capsule ID T (�C) / (dpa) Monolithic NITE-S

r3pt r4pt

JMTR 04M-18U 400 0.50
p

600 0.55
p

750 0.64
p

05M-19U 600 0.52
p

800 0.77
p

HFIR RB⁄-18J 830 5.9
p

1270 5.8
p

T: irradiation temperature, /: irradiation fluence, r3pt: three point flexural test, r4pt: 1/4-
tensile test, rDiametral: diametral compression test, rDNS: compression test using double no
are nominal values, while the ones for the HFIR irradiation were determined by electric
5 mm, width: 3 mm) were used for this test. The interlaminar layer
in the specimen was oriented parallel to the direction of compres-
sive loading. The interlaminar shear strength was evaluated by the
compression of double-notched specimens [10], according to ASTM
C1292. Notched specimens were loaded parallel to the fiber longi-
tudinal direction. For evaluation of the Weibull statistical strength
of the NITE-SiC monolith, three-point flexural tests with a support-
ing span of 18 mm for the JMTR specimens and 1/4-four point flex-
ural tests with an outer span of 20 mm NITE-SiC for the RB-⁄18J
specimens were also conducted, as per ASTM C1161. The dimen-
sions of the specimens were 24 or 25 mm (l) � 1 mm (w) � 1 mm
(t). Dynamic Young’s moduli of both the NITE-SiC/SiC composites
and NITE-SiC were determined using the impulse excitation of
vibration method in accordance with ASTM C1259. Microstructural
observation of the unirradiated NITE-SiC and NITE-SiC/SiC compos-
ites was conducted using a field-emission scanning electron micro-
scope (SEM, Ultra55, Zeiss). The post-irradiation experiments are
summarized in Table 1. Three to six mechanical tests were per-
formed under each condition (details of the valid test number
are shown in Tables 2 and 3), except in the case of the flexural tests
(16–30) for the Weibull statistical analysis. The results of mechan-
ical tests on unirradiated NITE-SiC/SiC composites have been re-
ported [11] and are updated in this study.
3. Results

Fig. 1 shows the secondary electron and backscattered electron
images of the NITE-SiC/SiC composite and the backscattered elec-
tron image of monolithic NITE-SiC in the unirradiated condition.
The NITE-SiC and the matrix of the NITE-SiC/SiC composite consist
primarily of polycrystalline b-phase SiC and small amounts of
oxide ceramics as the remnants of the sintering additives. The
oxide grains in the NITE-SiC were found at the multi-grain junc-
tions of the b-phase SiC grains and appeared to be homogeneously
distributed with the monolithic body. In the case of the NITE-SiC/
SiC composite, pores were observed in the fiber inter-bundles,
and the oxide phases attributed to the sintering additives were ob-
served both in the matrix-rich area and to have segregated to occu-
py the spaces within the fiber bundles and at the inter-bundle
pockets.

The typical stress–strain curves from the cyclic unloading–
reloading sequences are compared for the unirradiated and
irradiated NITE-SiC/SiC composites in Fig. 2. The unirradiated
composites exhibited quasi-ductile failure behavior, and such
behavior was also observed after irradiation. Fig. 3 shows the max-
imum hysteresis loop width as a function of the matrix damage
parameter [12]. The matrix crack spacing is theoretically inversely
proportional to the matrix damage parameter (D) given by:
c NITE-SiC and NITE-SiC/SiC composites. The checked marks denote tests conducted in

iC NITE-SiC/SiC composites

EDynamics EDynamics rTensila rDiameteral rDNS

p

p p p p p
p p p p

four point flexural test, Edynamic: measurement of dynamic Young’s modulus, rTensile:
tched specimen. It is noted that T (irradiation temperature) in the JMTR irradiations

al resistivity change of isochronal annealing.



Table 2
Tensile properties of the non-irradiated and irradiated NITE-SiC/SiC composites. Average and ± one standard deviation are shown.

Irradiation
condition

# of Valid
tests

Tensile modulus
(GPa)

Sonic modulus
(GPa)

Proportional limit stress
(MPa)

Ultimate tensile strength
(MPa)

Strain at maximum load
(%)

Unirradiated 5 343 ± 10 n/a 104 ± 25 399 ± 20 0.20 ± 0.03
600 �C 0.52 dpa 3 276 ± 10 n/a 127 ± 23 377 ± 19 0.20 ± 0.03

Unirradiated 6 274 ± 15 333 ± 5 142 ± 26 344 ± 25 0.17 ± 0.02
830 �C 5.9 dpa 5 289 ± 19 332 ± 8 152 ± 32 388 ± 32 0.18 ± 0.04
1270 �C 5.8 dpa 3 282 ± 8 345 ± 7 181 ± 46 404 ± 21 0.19 ± 0.01

# of Valid tests: number of valid tests, n/a: not available. Same shall apply to Tables 3–5.

Table 3
Effect of neutron irradiation on trans-thickness tensile strength of NITE-SiC/SiC composites. Average and ± one standard deviation are shown.

Irradiation condition # of Valid tests Trans thickness tensile strength (MPa) Change by irradiation (%)

Unirradiated 4 21.4 ± 3.3 �
830 �C 5.9 dpa 6 18.9 ± 3.0 �11
1270 �C 5.8 dpa 4 26.4 ± 8.7 23

Fig. 1. SEM images for NITE-SiC/SiC composite and monolithic NITE-SiC: (a) secondary electron image, (b and c) backscattered electron image.

Fig. 2. Typical tensile stress–strain behaviors for the unirradiated and irradiated NITE-SiC/SiC composites. Each curve is offset horizontally for visibility.
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D ¼ Ec � E�

E�
ð1Þ

where Ec and E⁄ are the modulus of the composite and the tangent
modulus of the unloading curve, respectively, and D can be evalu-
ated from each hysteresis loop [13]. It should be noted that the
maximum hysteresis loop width was significantly reduced subse-
quent to irradiation. For instance, decreases in the unirradiated loop
width by 58%, 89%, and 97% were observed at the matrix damage
parameter of 0.15 following irradiation at the respective tempera-
tures of 600, 830, and 1270 �C. Despite this significant change in
the loop width, the irradiation effects on the mechanical properties
were not significant. The tensile properties before and after irradia-
tion are summarized in Table 2 and Fig. 4. The PLS remained un-
changed, within the limits of statistical uncertainty, subsequent to
irradiation. The effects of irradiation on Young’s modulus were gen-
erally insignificant. The apparent Young’s modulus decrease upon
irradiation at 600 �C is due to the anomalously high modulus
determined for the unirradiated specimen population as obvious
in Table 2, likely caused by the spatial inhomogeneity of quality
for this particular batch of material. The ultimate tensile strength
(UTS) was statistically unchanged upon irradiation at 600 and
830 �C, but increased by 17% following irradiation at 1270 �C. The
difference of modulus of the unirradiated materials between JMTR



Fig. 3. The maximum hysteresis loop width as a function of matrix damage parameter before and after irradiation for the NITE-SiC/SiC composites: (a) irradiated at JMTR and
(b) at HFIR.

Fig. 4. Effects of neutron irradiation on (a) proportional limit stress and (b) ultimate tensile strength of NITE-SiC/SiC composites.
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and HFIR irradiation was observed, which may come from a prob-
lem of the materials reproducibility.

Fig. 5 shows a typical stress–displacement curve of the diame-
tral compression test and a typical optical micrograph for an
Fig. 5. (a) Typical fracture behavior of the NITE-SiC/SiC composite by the diametral co
condition.
unirradiated test specimen. All of the evaluated specimens failed
by propagation of a crack along the loaded direction. Nozawa
et al. reported that the initial fracture stress determined from the
maximum fracture stress in the diametral compression test was
mpression test and (b) the typical image for the tested specimen in unirradiated



Fig. 6. (a) Typical fracture behavior of a double notched specimen of the NITE-SiC/SiC composite by the double notched shear test and (b) the typical image for the tested
specimen in unirradiated condition.

Table 4
Interlaminar shear strength of the non-irradiated and irradiated NITE-SiC/SiC composites. Average and ± one standard deviation are shown.

Irradiation condition # of Valid tests Interlaminar shear strength (MPa) Change by irradiation (%)

Unirradiated 4 37.2 ± 1.5 –
830 �C 5.9 dpa 3 25.4 ± 0.62 �31

Table 5
Summary of Weibull statistical analysis of the monolithic NITE-SiC evaluated by three or 1/4-four point flexure tests. The Weibull modulus and Weibull characteristic strength
values are estimated by the maximum likelihood estimation. Range in the {} parenthesis indicates 95% confidence ration bounds for Weibull modulus.

Irradiation condition # of Valid tests Test method Weibull modulus Weibull characteristic strength (MPa) Weibull mean strength (MPa)

Unirradiated 30 3 Point flexure 7.7 863 823
{4.9–8.3} {814–918}

400 �C/0.50 dpa 16 4.1 704 644
{2.9–6.6} {621–791}

600 �C/0.52 dpa 20 6.8 873 827
{4.1–8.0} {808–954}

600 �C/0.55 dpa 20 6.1 716 675
{4.0–8.0} {661–780}

750 �C/0.64 dpa 19 5.8 830 779
{3.9–7.8} {760–906}

800 �C/0.77 dpa 20 6.2 951 896
{4.1–8.2} {878–1033}

Unirradiated 30 1/4-4 Point flexure 6.3 634 598
{4.3–7.3} {596–681}

830 �C/5.9 dpa 21 6.6 416 393
{3.9–7.3} {384–456}

1270 �C/5.8 dpa 20 4.7 375 347
{3.3–6.6} {338–414}
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overestimated, and they found that execution of the diametral
compression test using a pair of strain gauges or analysis using
the slope of the stress–displacement curve facilitated more accu-
rate determination of the initial fracture stress [14]. Herein, the
analysis using the slope of the stress–displacement curves was
adopted for unirradiated samples and those irradiated at 830 �C.
The technique using the strain gauge was adopted for specimens
irradiated at 1270 �C. The effects of irradiation on the trans-
thickness tensile strength are summarized in Table 3. The trans-
thickness tensile strength of 15 MPa for the unirradiated sample
was not changed by irradiation at 830 and 1270 �C, considering
the variability. However, the large variability obscures the irradia-
tion effects on the trans-thickness tensile strength.

A typical stress–displacement curve of the compression test
for the double-notched specimen and a typical image for an
unirradiated test specimen are shown in Fig. 6. Interlaminar shear
fractures appeared in the stress–displacement curve in the instant
that the load reached its maximum, and notch to notch fractures
were observed in all of the specimens. The interlaminar shear
strength (25.4 MPa) for irradiation at 5.9 dpa at 830 �C was approx-
imately 30% lower than that for the unirradiated sample
(37.2 MPa), as shown in Table 4. Cracks had propagated through
the matrix pores along the interface in unirradiated condition [11].

The Weibull statistical strength of monolithic NITE-SiC, evalu-
ated on the basis of the flexure test, is summarized in Table 5. In
addition, Fig. 7 shows the Weibull statistical three-point flexural
strength at a relatively low temperature and fluence (�800 �C,
�0.77 dpa) for samples irradiated at JMTR, whereas Fig. 8 shows
the 1/4-four point flexural strength at relatively high temperature
and fluence (�830 �C, �5.8 dpa) for samples irradiated at HFIR.



Fig. 7. Weibull statistical strength distribution of the monolithic NITE-SiC irradi-
ated to relatively lower temperature and fluence (�800 �C, �0.77 dpa), irradiated at
JMTR. Dotted lines indicate 95% confidence bounds.

Fig. 8. Weibull statistical strength distribution of the monolithic NITE-SiC irradi-
ated to relatively higher temperature and fluence (�830 �C, �5.8 dpa), irradiated at
HFIR. Dotted lines indicate 95% confidence bounds.
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Significant degradation of the flexural strength as a result of
irradiation was detected under the high temperature and dose
conditions. For example, the Weibull characteristic strength was
degraded by up to 18% upon irradiation to �0.77 dpa. In compari-
son, the characteristic strength was degraded by respective values
of 34% and 41% at 830 �C, 5.9 dpa and at 1270 �C, 5.8 dpa. The aver-
age dynamic Young’s modulus of unirradiated NITE-SiC and the
corresponding standard deviation were 344 and 7 GPa, respec-
tively. The dynamic Young’s modulus decreased by 5% following
irradiation at 830 �C to 5.9 dpa, as well as at 1270 �C with irradia-
tion to 5.8 dpa.

4. Discussion

4.1. Effects of irradiation on proportional limit stress

The PLS, which is an index of the matrix cracking stress, is in
theory affected by the following parameters: (1) Young’s moduli
of the composite (Ec), fiber (Ef), and matrix (Em); (2) the critical en-
ergy release rate for debonding at the fiber/matrix interface; (3)
the critical mode-I matrix energy release rate; (4) the frictional
stress at the fiber/matrix interface (s); and (5) the thermal residual
stress of the matrix in the tensile direction (rm) [15,16]. Thus, the
PLS (rPLS) can be expressed as follows:

rPLS ¼ r� rm
Ec

Em
ð2Þ

where r is a function of s, Ef, Em, the fiber volume fraction (Vf), the
critical energy release rate for interfacial debonding, and the critical
mode-I matrix energy release rate [15,16]. Based on Eq. (2), it is
clear that the residual stress of the matrix in the tensile direction
exerts a significant effect on the PLS. The other parameters are rel-
atively ineffective to PLS in theory. The following paragraphs dis-
cuss the effects of irradiation on these parameters, which strongly
influence the PLS of the NITE-SiC/SiC composite.

The effect of irradiation on Young’s modulus of SiC has been
studied using chemical vapor deposition (CVD) SiC as the matrix
phase of the CVI-SiC/SiC composite. It is believed that Young’s
modulus of CVD-SiC declines slightly in response to irradiation-
induced lattice expansion [17]. Previous work by Katoh et al. re-
vealed that Young’s modulus of CVI-SiC/SiC composites containing
Tyranno™-SA3 fibers remained statically unchanged following
irradiation to 5.9 dpa at 800 �C and to 5.8 dpa at 1300 �C [18]. This
result indicates that Young’s modulus of the Tyranno™-SA3 fibers
also remained unchanged, considering the marginal decrease in
the matrix modulus. Given that the irradiation conditions in Ref.
[18] were similar to those used in this study, Young’s modulus of
the fibers in the NITE-SiC/SiC composites was expected to remain
unchanged. On this basis, the insignificant effect of irradiation on
Young’s moduli of the NITE-SiC/SiC composites following irradia-
tion both at 830 �C to 5.9 dpa and at 1270 �C to 5.8 dpa indicates
that Young’s modulus of the matrix was also maintained herein.
In contrast, Young’s modulus of the NITE-SiC/SiC composite
decreased upon irradiation at 600 �C and 0.52 dpa, which may be
attributed to dispersion of material quality, because modulus
difference between uniradiated materials were observed as shown
in Fig. 4. Degradation of the matrix modulus is also possible cause
for this, given that a stable fiber modulus is expected, based on the
insignificant degradation of Young’s modulus of the CVI-SiC/SiC
composite containing Tyranno™-SA3 fibers following irradiation
at 610 �C and 1.9 dpa [19]. In summary, the effects of irradiation
on Young’s moduli of fiber and matrix were deemed to be insignif-
icant in this study, except in the case of irradiation at 600 �C.

The effect of irradiation on the critical mode-I matrix energy
release rate can be discussed using the strength and Young’s mod-
ulus of monolithic NITE-SiC. If the effects of irradiation on the
mechanical properties of monolithic NITE-SiC and the matrix of
the NITE-SiC/SiC composite are similar, the critical matrix energy
release rate should be decreased by irradiation at 830 and
1270 �C as a result of a significant reduction in the fracture
strength (Table 4) and a minor reduction in the dynamic modulus
of monolithic NITE-SiC. The effect of the decreased matrix energy
release rate on the PLS is less certain, considering interfacial deb-
onding at the fiber/matrix interface. In the case of very weak or
strong interfacial debonding strength, the resulting decreased ma-
trix energy release rate should contribute to the decreased PLS
[15,16]. The mechanism of degradation of the strength of mono-
lithic NITE-SiC is discussed below.

The thermal residual stress in the NITE-SiC/SiC composites is
generated by mismatch of the coefficient of thermal expansion
(CTE) of the fiber and the matrix during fabrication. The residual
stress in the tensile direction can be estimated from the point of
intersection of the average linear regression line of the respective
unload–reload curves, as shown in Fig. 9 [20]. The stress level at



Fig. 10. Neutron irradiation effect on misfit stress in the NITE-SiC/SiC composites. It
is noted that a positive sign denotes axial tensile residual stress in the matrix.
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the intersection point is referred to as the misfit stress. Fig. 10
shows the effect of irradiation on the misfit stress for the NITE-
SiC/SiC composite. The positive misfit stress observed herein is
indicative of the tensile residual stress in the matrix, and the error
bars indicate the standard deviation. The unirradiated sample
exhibited a misfit stress of 120 MPa, which decreased significantly
to 35 MPa following irradiation at 600 �C. The initial value of
146 MPa of stress in the unirradiated sample also decreased to
94 and 83 MPa following irradiation at 830 and 1270 �C, respec-
tively. The relationship between the misfit stress (rT) and the
residual stress of the matrix in the tensile direction (rm) is given
by [13]:

rm ¼
Em

Ec
rT ð3Þ

From Eqs. (2) and (3), the PLS is directly affected by the misfit
stress, and a reduction in the misfit stress should effectively con-
tribute to increasing the PLS. Therefore, reduction of the misfit
stress, i.e., reduction of the tensile residual stress of the matrix in
the fiber axial direction, is one of the factors accounting for the
maintained PLS subsequent to irradiation. It is postulated that
the mechanisms underlying this modification of the residual stress
include thermal and/or irradiation creep, secondary stress caused
by the relatively higher degree of swelling of the matrix compared
to the fiber [21], and the effect of irradiation on CTE.

The frictional stress at the fiber/matrix interface (s) relates to
the inelastic strain parameter (H), which can be estimated from
the width of the maximum hysteresis loop [13]

H ¼
b2 1� a1Vf

� �2Rr2
p

4dsEmV2
f

ð4Þ

Here, a1 and b2 are the Hutchinson and Jensen constants for
Type II boundary conditions [22], Vf is the fiber volume fraction,
R is the fiber radius, rp is the peak stress of the hysteresis loop, d
is the matrix crack spacing, and Em is Young’s modulus of the ma-
trix. The matrix crack spacing is theoretically inversely propor-
tional to the matrix damage parameter (D) as shown in Eq. (1).
Using the relationship between D and d, Eq. (4) can be rewritten as:

H ¼ A
Dr2

p

s
ð5Þ

where A is almost constant when Young’s moduli of the fiber and
matrix are stable under irradiation. The inelastic strain parameter
(H) of the NITE-SiC/SiC composite is plotted against Dr2

p , before
and after irradiation in Fig. 9; the error bars show the standard
deviations. Given that Young’s moduli of the fiber and matrix were
Fig. 9. One example of the determination method [17] for residual stress of tensile
direction in matrix of the NITE-SiC/SiC composite.
insensitive to irradiation at 830 and 1270 �C, as discussed above, the
slope of the linear regression line should be inversely proportional
to the interfacial frictional stress under these irradiation conditions.
However, the frictional stress at 600 �C cannot be discussed, given
that non-negligible degradation of the matrix modulus was indi-
cated. Fig. 11 indicates approximately three- and 1.5-fold increases
in the interfacial frictional stress following irradiation at 830 and
1270 �C, respectively, though there are large deviations possibly
due to limited numbers of the tests. Theoretically, this increase
should contribute to increasing the PLS [14,15]. Interfacial frictional
stress is defined as the product of multiplication of friction coeffi-
cient and clamping stress. One possible mechanism for the in-
creased frictional stress involves increased friction coefficient
caused by grain growth in the fibers and matrix. Another possible
mechanism is locally increased clamping stress and friction coeffi-
cient derived from the larger swelling of the oxide phases around
the fibers compared to swelling of the fibers and matrix. Previous
evaluation of the irradiation-induced swelling of a monolithic SiC
indicated larger swelling of Y-Al oxide as a secondary phase in
monolithic NITE-SiC [23]. The larger swelling of the oxide phases
are also indicated by neutron irradiation experiment [24]. However,
additional experimental data are required to clarify the mechanism
Fig. 11. Inelastic strain parameter as a function of matrix damage parameter
multiplied by square of peak stress before and after irradiation for the NITE-SiC/SiC
composites.
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underlying the observed increase in the interfacial frictional stress
caused by irradiation.

4.2. Effect of irradiation on the ultimate tensile strength

It is known that the UTS of unidirectional fiber-reinforced com-
posites depends on the mechanical properties of the fiber and the
interfacial frictional stress. When a matrix crack is ideally deflected
at the fiber/matrix interface, the UTS (ru) is described by:

ru ¼ fr
m

mþ1
0

sL0

R
� 2ðmþ 1Þ
ðmþ 2Þm

� �1=ðmþ1Þ mþ 1
mþ 2

ð6Þ

where r0 is the Weibull mean strength, m is the Weibull modulus
for the fiber strength, and L0 is the gauge length [25]. The reported
Weibull modulus for the strength of the Tyranno™-SA3 fiber was
about 4 with and without irradiation to �5.3 dpa at �910 �C [18].
Thus, the fiber strength is a determining factor for the UTS. Katoh
et al. demonstrated preservation of the UTS of a CVI-SiC/SiC com-
posite containing Tyranno™-SA3 fibers subsequent to irradiation
to 1.9 dpa at 610 �C, to 5.9 dpa at 800 �C, and to 5.8 dpa at
1300 �C, which are similar to the irradiation conditions used in this
study [18,19]. This result implies the stability of the fiber strength
under these irradiation conditions. Therefore, the excellent
irradiation resistance of the UTS of the NITE-SiC/SiC composite is
plausibly associated with the stable mechanical properties of the
Tyranno™-SA3 fiber.

The UTS is also affected by the residual stress, given that the
residual stress in the fiber radial direction affects the bonding
strength at the fiber/matrix interface, with a consequent effect
on the deflection of the matrix crack at the interface. The hysteresis
loop analysis shown in Fig. 10 revealed the existence of tensile
residual stress of the matrix in the fiber axial direction. This result
is consistent with a larger CTE of the matrix relative to the fiber
and the existence of compressive stress at the fiber/matrix inter-
face in the fiber radial direction, based on the fiber–matrix concen-
tric two-cylinder model [15]. Considering the decreased misfit
stress following irradiation, it is expected that the residual com-
pressive stress in the fiber radial direction was decreased as a re-
sult of irradiation. This decrease in the compressive stress should
decrease the strength of interfacial bonding and consequently pro-
mote the deflection of the matrix crack, which should contribute to
increasing the UTS. Therefore, the 17% increase in the UTS at
1270 �C may be explained in terms of a decrease in the strength
of the interfacial debonding as a result of modification of the resid-
ual stress.

4.3. Effect of irradiation on the mechanical properties of NITE-SiC

The flexural strength of NITE-SiC was significantly degraded by
irradiation in this study, which agrees with previous research on
the effects of the irradiation strength on SiC containing a secondary
phases [17]. As discussed above, the microstructure of NITE-SiC
consists primarily of b-phase SiC with small amount of oxide
ceramics. Since b-phase SiC in a high purity polycrystalline form
is reportedly very stable in the irradiation conditions of this study
[17], the observed detrimental effect of irradiation on strength of
NITE-SiC is attributed to the presence of the oxide secondary
phases.

One known mechanism that explains the irradiation-induced
strength deterioration for SiC with secondary phases involves mi-
cro-cracking caused by the misfit stress due to the differential
swelling between the secondary phase and SiC. However, in the
present case, an extensive micro-crack generation is unlikely given
that only �5% decrease in Young’s modulus was observed follow-
ing irradiation at 830 and 1270 �C. However, the misfit stress
caused by differential swelling is a plausible cause of the degrada-
tion of the flexural strength as a result of irradiation. Other possible
reasons include the strength degradation of the secondary phase it-
self and degradation of the grain boundary strength due to the
likely presence of oxide films at the SiC grain boundaries.

It is interesting to note that the PLS of NITE-SiC/SiC composite
did not exhibit any irradiation-induced degradation that is incon-
sistent with the strength decrease for NITE-SiC, because the matrix
material of NITE-SiC/SiC composite is similar with the monolithic
NITE-SiC. This may be caused by the contribution of residual stress
change to the PLS as discussed in Section 4.1. Additional possible
explanation for this discrepancy is the effect of oxide segregation
into the fiber-rich regions within NITE-SiC/SiC composite, resulting
in the decreased oxide contents in the matrix-rich volume. In this
way, the misfit stress due to the excess swelling of the oxide
phases may be better withstood by the presence of adjacent or
nearby fibers that are much stronger than the matrix. However,
additional microscopical and microchemical analyses of the frac-
ture surfaces will be necessary to determine the exact reason for
the observed strength degradation of NITE-SiC.
4.4. Effect of irradiation on trans-thickness tensile and interlaminar
shear strengths

Based on the SEM image presented in Fig. 1, pores in the fiber
bundle are the most probable origin of the fracture in the diametral
compression test. Cracks originating at the fiber bundle plausibly
propagated to the matrix-rich region surrounding the fiber bundle,
with subsequent fracture of the matrix at the trans-thickness ten-
sile strength region. Based on this consideration, the trans-thick-
ness tensile strength should be closely-related to the fracture
toughness of the matrix. Herein, the effects of irradiation on the
trans-thickness tensile strength were insignificant at 830 and
1270 �C. Therefore, this result implies that there is no significant
degradation of the fracture toughness of the matrix.

Nozawa et al. demonstrated that the trans-thickness tensile
strength of a unidirectional NITE-SiC/SiC composite was similar
to its 90� off-fiber-axial tensile strength [14]. They also demon-
strated that the combination of the 90� off-axial tensile strength,
interlaminar shear strength, and axial tensile strength was useful
for predicting the anisotropy of the strength (e.g., off-fiber-axial
tensile strength) of the NITE-SiC/SiC composite [14]. In this study,
no significant degradation of the 90� off-axial tensile strength was
indicated by the diametral compression test following irradiation
at 830 and 1270 �C. Moreover, the axial tensile strength was not
degraded under the afore-stated irradiation conditions. In contrast,
the interlaminar shear strength evaluated using the double-
notched specimen decreased by 30% following irradiation at
830 �C. These results imply that the anisotropy of the strength of
the unidirectional NITE-SiC/SiC composite at 830 �C may be modi-
fied by the degradation of the interlaminar shear strength. The
interfacial shear strength should relate to the shear strength at
the fiber/matrix interface because cracks appeared to propagate
the interface in fracture surface of the double-notched specimens.
Therefore, the degradation of interfacial shear strength can be
understood by the degradation of the strength of the PyC interface.
5. Conclusions

No significant effects of neutron irradiation on the tensile prop-
erties such as quasi-ductile behavior, PLS, and UTS of the unidirec-
tional Tyranno™-SA3 fiber-reinforced NITE-SiC/SiC composites
were observed subsequent to irradiation with 0.52 dpa at 600 �C,
with 5.9 dpa at 830 �C, and with 5.8 dpa at 1270 �C. In contrast,
hysteresis loop analysis indicates an increase in the frictional stress
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at the fiber/matrix interface at 830 and 1270 �C, which is possibly
caused by the locally increased clamping stress and friction
coefficient derived from the larger swelling of the secondary phase
compared to swelling of the fibers and matrix. Hysteresis loop
analysis also further indicated reduction of the tensile residual
stress of the matrix in the fiber axial direction for all of the irradi-
ation conditions considered.

Significant degradation of the flexural strength of monolithic
NITE-SiC, which represented as the matrix of the NITE-SiC/SiC
composite, was demonstrated following irradiation at 830 and
1270 �C, whereas the PLS of the NITE-SiC/SiC composites did not
exhibit any degradation. Effectively contribution to increasing the
PLS was theoretically brought form residual stress modification
of the matrix as described above, which accounts in part for the
excellent irradiation resistance of the PLS.

The excellent irradiation resistance of the ultimate tensile
strength was plausibly attributed to the stable mechanical proper-
ties of the Tyranno™-SA3 fiber following irradiation.

The interlaminar shear strength of NITE-SiC/SiC composites was
decreased by 30% subsequent to irradiation at 830 �C. This can be
understood by the degradation of the strength of the PyC interface.
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Irradiation-induced creep in high-purity silicon carbide was studied by an ion-irradiation method under
various irradiation conditions. The tensioned surfaces of bent thin specimens were irradiated with
5.1 MeV Si2+ ions up to 3 dpa at 280–1200 �C, which is referred to as a single-ion experiment. Additional
He+ ions were irradiated simultaneously in the dual-ion experiment to study the effects of transmuted
helium on irradiation creep. Irradiation creep was observed above 400 �C in the single-ion case, where
a linear relationship between irradiation creep and swelling (C/S) was observed at 400–800 �C for all
stress levels (150, 225, and 300 MPa). The proportional constant of the C/S relationship was strongly
dependent on temperature and stress. A rapid reduction in creep strain was observed above 1000 �C.
On the basis of the microstructural analysis, anisotropic distribution of self-interstitial atom (SIA) clusters
was suspected to be the primary creep mechanism. Some interesting results were obtained from re-irra-
diation under stress after the irradiation without stress. The creep strain was significantly retarded by
pre-irradiation to even 0.01 dpa at 400 and 600 �C. This implies that the loop orientation was determined
very early in the irradiation regime. For the dual-ion cases, irradiation creep was absent or very limited at
all irradiation temperatures studied (400–800 �C). Microstructural analysis indicated that helium inhib-
ited the stable growth of SIA clusters and prevented them from exhibiting anisotropic distribution.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

The outstanding chemical stability and strength of silicon car-
bide (SiC) at high temperatures have stimulated the research activ-
ity that aims to use SiC, especially 3C-SiC, for functional materials
in nuclear applications. So far, excellent irradiation stability has
been reported for SiC at wide temperature ranges and damage lev-
els under neutron irradiation. Most irradiation properties of 3C–SiC
such as swelling, microstructural development, thermal property,
and irradiated strength have been summarized in [1] and more re-
cently in [2]. Because microstructural development, including
swelling, is one of the most basic properties and historically the
key irradiation property, it has been extensively studied by various
irradiation methods such as neutron- [3], electron- [4], and ion-
irradiation experiments [5]. Swelling itself is not considered to lim-
it the operating temperature of the nuclear reactors either at the
upper or lower temperature limit. However, a significant internal
shear stress may be introduced in the irradiated structure, such
as the flow-channel-insert wall for nuclear fusion applications,
through differential swelling induced by the through-thickness
temperature gradient [6]. Irradiation creep, more accurately irradi-
ation-induced creep in SiC, may be indispensable to mitigate inter-
nal stress because of the extremely limited rates of thermal creep
below �1000 �C. Furthermore, irradiation creep is one of the key
mechanical properties to use in a reactor core such as a TRISO (tri-
structural isotropic) coated fuel particle for gas cooled reactors and
fuel cladding for light water reactors. Despite this, irradiation creep
data is somewhat scarce for SiC primarily because of the difficulty
of the stress loading under neutron irradiation.

So far, many irradiation techniques have been developed to
evaluate irradiation creep of SiC, and the methods and results are
briefly reviewed here. In the first irradiation creep experiment
for SiC by Price, pyrolytic 3C-SiC, coated on oriented graphite
substrates, was irradiated with neutrons at 640 and 900 �C [7].
The results using dynamic stress loading were perhaps complex,
but the upper limit of the steady creep constant was inferred. In
the subsequent experiment by Price, thin SiC strips were irradiated
with neutrons in four-point flexural loading fixtures at 780, 950,
and 1130 �C [1]. By measuring the residual curvature of the irradi-
ated specimens after releasing them from the fixtures, the linear
relationship between stress and strain was demonstrated. Accord-
ing to the work by Scholts [8], SiC fibers, consisting of a 33-lm-
diameter carbon core covered by SiC layers totaling 50 lm in thick-
ness, were irradiated with 14 MeV deuterons at 450, 600, and
800 �C under torsion stress, where controlled torque was applied
to a specimen using a coil inside a permanent magnet. In that
work, the temperature dependence of torsion creep rates was re-

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.09.004&domain=pdf
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ported to be similar to that of swelling. Katoh and Snead recently
evaluated the irradiation creep of high-purity SiC using the bend
stress relaxation (BSR) method [9], where creep strain was esti-
mated on the basis of the residual curvature of the irradiated spec-
imen after irradiation. They pointed out the significant importance
of understanding irradiation creep at an early stage of irradiation
because strain rates are significant.

The data previously reported are, of course, valuable and can pro-
vide key insights to irradiation creep of SiC, but directly comparing
these data seemed somewhat inadequate because of differences in
both the stress loading methods and materials (i.e., purity and fab-
rication process). Variations in the species and conditions of the
irradiated particles can also significantly affect the results. There-
fore, systematical irradiation experiments under well-controlled
irradiation conditions using samples of identical quality may be
essential to understand trends of irradiation creep. The ion-irradia-
tion method reliably meets the highly controllable requirements of
the irradiation conditions, with additional advantages of saving
time and cost. The irradiation creep of high-purity SiC is studied
using the methods developed in the present work to obtain a basic
understanding of dependence of key irradiation conditions on the
irradiation creep. In addition, the underlying mechanisms are dis-
cussed on the basis of the microstructural analysis results.
75R

3.0

Unit: mm

Fig. 1. Specimen holder and samples for the ion irradiation under applied stress. (a)
Image of specimen holder after ion irradiation. (b) Schematic of the curved fixtures
and sample. (c) Schematic of the fixed sample and ion-beam direction.
2. Experimental technique

Bend stress was applied to the irradiated surface of thin SiC
specimens by a technique similar to the BSR technique for neutron
irradiation experiments [9]. However, the experimental and evalu-
ation techniques of this work are somewhat different in design
compared with the BSR technique, primarily due to a very limited
ion range for this work (�3.5 lm from the irradiated surface). In
the present work, irradiation-induced deformation at the surface
bent the whole specimen, including the unirradiated substrate,
after it was released from the fixtures. Because the irradiated cur-
vature contains information on strain mismatch between the irra-
diated and unirradiated regions, the irradiation-induced strain can
logically be estimated from the curvature if the relationship be-
tween strain and curvature is adequately analyzed. In this section,
the relationship between strain and curvature is discussed for
specimens irradiated without applied stress, following general
descriptions of the materials, fixtures, and irradiation conditions.
2.1. Specimens and fixtures

The material used was polycrystalline 3C–SiC produced by
chemical vapor deposition by Rohm and Haas (current subsidiary
of Dow Chemical Co., Marlborough, Massachusetts). The chemical
vapor deposited (CVD) SiC was of very high purity, with typical to-
tal metal impurity concentration less than 5 wppm. The typical
grain size was between 5 and 10 lm in the plane parallel to the
deposition substrate, with grains elongated in the h111i growth
direction perpendicular to the substrate. The material was essen-
tially free of micropores, microcracks, or other large flaws, but
atomic layer stacking faults on the {111} planes were common.
The density measured using Archimedes’ principle was in good
agreement with the theoretical density (3.21 g/cm3).

Specimens and fixtures are shown in Fig. 1. The specimens, with
dimensions of 1.5 mm width and 3.0 mm length, were mechani-
cally thinned and lap finished on both surfaces, aiming to obtain
50, 75, and 100 lm thicknesses. The machining errors on the thick-
ness were less than ±1 lm. Each specimen was sandwiched
between upper and lower fixtures in the order shown schemati-
cally in Fig. 1 (b). A curvature of radius 75 mm was provided on
an inner surface, which contacted the specimen surface over the
entire length of each upper and lower fixture. This radius was se-
lected to apply approximately 25–50% of fracture strength of
CVD SiC to the irradiated surface. A 5-mm-long and 0.5-mm-wide
rectangular slit was provided at the center of each upper fixture.
Specimens were tightly fixed by outer holding fixtures during
annealing or irradiation, as shown in Fig. 1 (a). The tensioned sur-
faces were subjected to ion-beam irradiation, as schematically
shown in Fig. 1 (c). Other sets of straight fixtures with similar
dimensions and without the curvature were used for the cases of
irradiation without stress, and the specimens irradiated without
stress are hereafter referred to as control specimens.
2.2. Ion- and post-irradiation experiments

Specimens were preliminarily annealed in the curved fixtures
for 1–3 h at the intended irradiation temperature before irradiation
to avoid the effects of transient thermal creep during irradiation,
which was expected to be significant above 1000 �C [10]. Then,
they were irradiated in the Dual-Beam Facility for Energy Science
and Technology (DuET) at Kyoto University, which houses 1.7 MV
tandem and 1 MV single-end accelerators [11]. The single
5.1 MeV Si2+ ion beam was used for inducing displacement dam-
age, which is referred to as a single-ion experiment. An additional
He+ ion beam with multiple energy (1 MeV and an energy-de-
graded to 201–737 keV by aluminum foils) was irradiated simulta-
neously to simulate the (n, a) reaction, which is referred to as a
dual-ion experiment. Irradiation temperatures were 280–1200 �C,
typically in 100 �C steps. The irradiation fluence of the Si-ions
was from 1.2 � 1016 to 3.5 � 1020 ions/m2, corresponding to
0.001 and 3 dpa (displacement per atom) on average over the dam-
aged range, respectively. The typical flux was 3.5 � 1016 ions/m2/s
corresponding to 3 � 10�4 dpa/s nominally. The depth profiles of
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displacement damage and concentrations of implanted Si for the
1 dpa average damage level case calculated by SRIM 2003 [12]
are shown in Fig. 2. The initial stresses applied at the irradiated
surface were 150, 225, and 300 MPa, depending on the specimen
thickness.

The specimen curvatures in the stress axis were recorded using
an atomic force microscope (AFM) in contact mode with a very
compliant cantilever on VN-8000 from KEYENCE. Note that no
measurable curvature was detected for all unirradiated specimens
randomly selected. The curvature at the centerline parallel to the
specimen’s long edge was confirmed to be practically uniform for
most irradiated specimens over the specimen length, though very
limited decrease in the curvature was observed near the edge of
highly curved specimens. More than three scatter-free lines of
1 mm length parallel to the long edge near the center were aver-
aged to determine the annealed and/or irradiated curvature.

Thin foils were prepared in a commercial focused-ion-beam
unit (JEOL JIB-4500). Microstructures were studied using a trans-
mission electron microscope (TEM, JEOL JEM-2200FS or JEM-
2010, 200 keV). Thickness determinations of TEM thin foils were
made at several locations by measurement of projected width of
the stacking faults.
Number of implanted ions (ions/m2)

Fig. 3. Curvature radius of the control specimens irradiated at various temperatures
without external stress. The radii were measured at RT using the AFM after samples
were released from the specimen fixtures.
2.3. Irradiated curvature of the control specimens

Rearrangement of the lattice atoms generally induces mechan-
ical stress in the ion-irradiated regions, primarily through densifi-
cation or swelling. The accumulation of in-plane compressive
stress was expected for SiC on account of the swelling that oc-
curred even in the control specimens irradiated without stress.
Some portion of the stress relaxed when specimens were released
from the fixtures, but some remained as residual stress. In Fig. 3,
the radius of the relaxed curvatures for control specimens of
50 lm thickness are plotted against the logarithm of dpa. It is clear
that the specimens immediately became curved after the onset of
irradiation; for example, a 3768 mm curvature radius was
measured at 1.2 � 1016 ions/m2 and 800 �C. The rate of decrease
in curvature radius was very large, up to �1019 ions/m2, for each
irradiation temperature. Then, the reduction rates seemed to
saturate above �1020 ions/m2. Note that each value seemed to
asymptotically approach a specific value determined by the given
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irradiation temperature. The apparent saturation radius increased
with temperature, where radii of 117 and 528 mm were observed
at 3.5 � 1016 ions/m2 (corresponding to 3 dpa) for 280 and 1200 �C,
respectively.

Katoh et al. extensively studied ion-irradiation-induced swell-
ing in CVD SiC at DuET [5], the same irradiation facility used in this
work. In that work, 3-mm-diameter SiC disks typically 0.25 mm
thick were covered with molybdenum mesh during irradiation,
and swelling was determined by the step height formed at the
boundaries between irradiated and unirradiated surfaces. Because
each irradiated area (typically 0.2 mm square) was constrained by
the unirradiated regions and ion range was limited to a few mi-
crons from the irradiated surface, the measured linear swelling
was assumed to be identical with volumetric swelling. The results
were well supported by recent neutron irradiation data [2] over a
wide temperature range, at least below 3 dpa. In the present work,
the constraint in the direction parallel to the specimen’s long edge
is presumably less significant because of the free end. However, the
degree of strain mismatch between the irradiated and unirradiated
substrates may be a function of swelling. In Fig. 4, the irradiated
curvatures are plotted against the linear swelling estimated at
the identical irradiation conditions reported in [5] for each plot,
and some missing step-height data was complemented by this
work. The irradiated curvatures are practically proportional to
the linear swelling for each specimen thickness without any tem-
perature dependence. Therefore, the irradiated curvature of the
control specimens can be practically characterized by the linear
swelling SL as follows.

jControl
irr ð/Þ ¼ aSLð/Þ; ð1Þ

where jControl
irr ð/Þ is the irradiated curvature at fluence / and a is the

thickness dependent proportional constant. Note that Eq. (1) allows
a practical estimation of the surface strain parallel to the specimen’s
long edge from the irradiated curvature.

The simple equation described above may be understood by
considering the in-plane stress induced by local deformation in
the irradiated region. Stoney originally solved the relationship be-
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tween the in-plane stress beneath the surface and curvature for
analyzing the stress of metallic films deposited electrolytically at
the surface of various materials [13]. Flinn et al. further developed
this relationship for the integrated stress of irradiated thin speci-
mens as follows [14].

R ¼
Z d

0
rðxÞdx ¼ jEt2

6
; ð2Þ

where r(x) is the in-plane stress at depth x, j is the curvature, E is
the Young’s modulus of the substrate (or unirradiated region), t is
the specimen thickness, and d is the damaged depth. Because of
the significant damage gradient along the depth as shown in
Fig. 2, the local in-plane stress may be different from the average
stress given by R/d. Because the modulus of SiC is less dependent
on the irradiation fluence [2], the average in-plane strain eave can
be estimated using

R ¼
Z d

0
EirrðxÞeðxÞdx ¼ Eirreaved; ð3Þ

where Eirr is the irradiated modulus. Then, by assuming that the
modulus is unchanged by irradiation, the above equations can be
merged as follows:

j / eaveðUÞ
d
t2 ð4Þ

where eave(/) is the average strain at fluence /. This indicates that
the curvature is determined by the strain averaged over the damage
range when the irradiation depth and specimen thickness are con-
stant. Because the step height reported in [5], which is integrated
out-of-plane strain of the laterally constrained region, is likely pro-
portional to the integrated in-plane strain (or the resultant residual
in-plane stress), the results showing linear relation between the
irradiated curvature and swelling estimated from step-height mea-
surements would be legitimate. In addition, Katoh’s simple manner
of determining the nominal dpa, displacements per atom averaged
over the damaged range, seems theoretically reasonable to both
their and this work according to the above equations. Therefore,
the irradiation creep strain was estimated from irradiated curvature
by Eq. (1) with some minor corrections arising from variation of
sample thickness and irradiated area in this work, and the nominal
dpa will be used hereafter.
3. Results

3.1. Swelling–irradiation creep correlation

The curvatures of specimens irradiated with and without stress
are compared in Fig. 5, where the corresponding irradiation creep
strain and linear swelling are also indicated on secondary axes for
reference. The initial external stress at the irradiated surface was
150 MPa for the stressed specimens, though non-negligible reduc-
tion in initial stress was expected above 1000 �C because of ther-
mal creep. Thermal creep strain, measured before irradiation,
was in agreement with previous thermal creep data for CVD SiC
[9,10,15]. The rates of steady thermal creep for CVD SiC were
reported to be very small, following the rapid transient creep at
moderate stress levels. Therefore, the contribution of thermal
creep to the total creep strain cannot be assumed to be a function
of irradiation time. This simplification may introduce less than
�1.3% overestimation of irradiation creep strain at 1000 �C assum-
ing 5% more thermal creep strain during irradiation and less than
�6.5% overestimation at 1200 �C assuming 10% more thermal
creep strain during irradiation. The error bars indicate the maxi-
mum to minimum variation of the measured curvatures. The dot-
ted line indicates the relationship jStressed

irr =jControl
irr ¼ 1, where jm

irr

and jControl
irr are curvatures of stressed and control (unstressed)

specimens, respectively. Because the irradiated curvature is pro-
portional to the strain at the irradiated surface as shown in Eq.
(1), the jStressed

irr =jControl
irr ratio simply indicates the ratio of irradiation

creep strain and swelling. Although a significant contribution of
the thermal creep to the curvature was expected above 1000 �C,
irradiation creep strain was defined as the total strain including
the contributions of swelling, thermal creep, and irradiation creep.

The plots for specimens irradiated at 280 �C are distributed
along the dotted line, indicating the absence of irradiation creep.
Most plots above 400 �C are located above the dotted line because
of the extra curvature induced by external stress. Note that the
linear approximation of the jStressed

irr =jControl
irr ratio seems allowable
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for the results obtained at respective temperatures. The propor-
tional constant increased with temperature below 800 �C, from
�1.0 at 280 �C to 2.1 at 800 �C. Although the linear relationship ap-
peared to be still maintained at 1000 �C, the constant ratio of 1.6
was significantly smaller than that at 800 �C. The highest irradia-
tion creep rates were found at 800 �C, where the average rates of
2.1 � 10�3, 2.4 � 10�4, and 7.8 � 10�6 dpa�1 MPa�1 were esti-
mated in the ranges 0–0.003, 0.01–0.1, and 0.1–1 dpa, respectively.
Note that these rates do not include the effect of thermal creep
contribution, which was practically finished before irradiation.
The saturation of the irradiation creep strain and the linear rela-
tionship with swelling are practically consistent with the recent
neutron data for CVD SiC [16]. The swelling-creep coupling model,
which described their results reasonably well especially at temper-
atures below 540 �C, was proposed in that work assuming 2D de-
fect clusters are the primary contributor to both the swelling and
creep. They estimated the instantaneous creep rates to be
�1 � 10�5 dpa�1 MPa�1 at �0.01 dpa decreasing to �1 � 10�7 -
dpa�1 MPa�1 at �1 dpa by the model.

3.2. Stress dependence of irradiation creep strain

External stress was controlled by changing the specimen thick-
ness as already described, where the irradiated surface of thicker
specimens was subjected to larger stress. The jStressed

irr =jControl
irr ratio,

each of which was evaluated from specimens of the same thick-
ness, was plotted against the stress for the irradiation tempera-
tures of 400, 600, and 800 �C. The typical value of the variation
in the plots was ±0.2, similar to that of the 150 MPa case. Although
it is not clear whether any minor fluence dependence of the
jStressed

irr =jControl
irr ratio is hidden, the linear relationship of

jStressed
irr =jControl

irr is still maintained for the 225 and 300 MPa cases.
Because swelling is stress independent, the trend of stress depen-
dence in the jStressed

irr =jControl
irr ratio is essentially the same as that

for irradiation creep strain, though the apparent stress dependence
is slightly magnified. Irradiation creep strain showed positive
dependence on stress, especially at higher temperatures. In an
attempt to approximate the stress effects, the empirical creep
equation and corresponding curves or lines are also shown in
Fig. 6, assuming the absence of minimum stress for the irradiation
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creep in SiC. The results show that the proportional constant of the
linear approximation increased with temperatures from 0.9 � 10�3

at 400 �C to 7.8 � 10�3 at 800 �C. It seems that the exponential
approximation also shows a similar temperature dependence.
The linear approximation is not applicable at higher stress levels
in this work, whereas the exponential approximation shows some-
what better results over a wider stress range at all irradiation tem-
peratures. This implies that the stress exponent n in the historical
swelling–creep coupling equation _e ¼ Drn _S [17] is more than 1 at
higher stress levels, further implying the operation of multiple
creep mechanisms. However, further plots will be required, espe-
cially at much larger stress levels, for determining the stress effect.

3.3. Irradiation effects on microstructural evolution

Fig. 7 shows the microstructure of SiC irradiated at 800 �C under
external stress (300 MPa), the irradiation condition at which the
highest creep strain was observed in this work. In each electron
beam direction, the corresponding {111} tetrahedron, in which
four surfaces of the tetrahedron correspond to each 111 family
plane, is also shown schematically. All images show the same loca-
tion in a grain but were taken from slightly different directions
using extended diffraction spots, the so-called 111 reciprocal lat-
tice rod (rel-rod) streaks. Because the 111 rel-rod generated from
planar defects formed on the crystal plane perpendicular to the
elongated direction of the streaked spots, the edge-on loops
formed on only one crystal plane are shown. That is, all loops in
Fig. 7 (a) are formed on �1 �1 1 (denoted as ABD in a {111} tetrahe-
dron), those in Fig. 7 (b) are formed on �1 1 �1 (denoted as BCD), and
those in Fig. 6 (c) are formed on 1 �1 �1 (denoted as ADC). Each crys-
tal plane orientation is indicated by the stereo projection viewed
from the stress axis of ½0:487 5:197 1:292� shown in Fig. 7 (d), in
which the angles between loop planes and stress axis are de-
scribed. Although the stress axis is not shown in each image owing
to the lack of three-dimensional coordinates on the paper, the
beam direction roughly corresponds from the top to bottom of
the image.

The results of quantitative analysis of the loop size distribution
for each plane are shown in Fig. 8. The normal stress component of
each loop plane for loops in Fig. 7 (a–c) was estimated to be 225,
193, and 110 MPa, respectively. The loop number density in the
plane with higher normal stress is clearly larger than those in other
planes. Although loop size seems to be insensitive to stress, a few
larger loops and slightly larger mean sizes were found for the loop
plane with higher normal stress, as shown in the figure. The loop
plane, which is the aggregates of interstitials, contains extra
plane(s) inserted between the original lattice planes. It may require
slight lattice dilation in the direction normal to the loop plane, and
this is the stress axis indicating the specimen length direction.
Therefore, one can say that loops form preferentially on the lattice
plane on which a larger normal stress is applied. The contribution
of such aligned loops to external stress is discussed later.

3.4. Effect of pre-irradiation on irradiation creep

In the practical case, such that SiC is used for structural or func-
tional materials in nuclear applications, stress will be not only con-
stant but also generated unexpectedly or increase steeply in the
middle of reactor operations. In an attempt to simulate these cases,
some control specimens irradiated without stress were re-irradi-
ated under applied stress. This may also provide insights into the
effects of pre-existing defects on irradiation creep. The results are
shown in Fig. 9, where the control specimens pre-irradiated at 400,
600, and 800 �C were re-irradiated to an additional 1 dpa in the
curved fixtures at same temperatures as those in the first irradia-
tion. The curvatures after the second irradiation are plotted against
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the total damage level. In addition, the irradiated curvature of the
control specimens is also plotted in the figure for reference; note
that these curvatures are the swelling-induced and initial curva-
tures before the second irradiation. Other reference plots denoted
as pure irradiation creep in the figure are the results for specimens
irradiated under applied stress (300 MPa) from the beginning. It is
clear that most curvatures after the second irradiation never
reached the referential curvature denoted as pure irradiation creep
at a comparable damage level, though minor extra curvatures were
observed for most specimens after the second irradiation. The cur-
vatures of the specimens re-irradiated at 400 and 600 �C were
rather constant and seemed to be independent of the total damage
level. Almost no and only �58% of the referential curvature was
measured at 400 �C and 600 �C after the second irradiation, respec-
tively. At 800 �C, the re-irradiated curvature seemed to depend on
the damage level, where approximately 70% and 40% of the pure
irradiation creep strain was observed at 1.01 total dpa and 2 total
dpa, respectively. The significant reduction in the initial stress be-
fore the second irradiation is probably not the reason for the lim-
ited creep strain, as the results of the second irradiation do not
depend on fluence, especially at lower temperatures (for which a
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Fig. 11. Microstructure of a sample irradiated with dual ions to 3 dpa at 800 �C
under rini = 150 MPa. Both images of (a and b) show the identical location in a grain
but were taken from different electron-beam directions. Loop planes of visible
Frank loops are schematically indicated by the shaded area in the Thompson’s
tetrahedron insert in each image.
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significant fluence dependence of swelling was observed). There-
fore, irradiation creep at the second irradiation can be concluded
to be retarded by the very short first irradiation without stress.

3.5. Transmuted He effects on irradiation creep

In a manner similar to the single-ion cases, both the curved and
straight (control) specimens of 50 lm thickness (with an initial
stress of 150 MPa for curved specimens) were irradiated with dual
ions at 400, 600, and 800 �C. In Fig. 10, the irradiated curvatures of
the stressed specimens are plotted against those of the comparable
unstressed specimens. The average rate of helium deposition was
60 appm He/dpa in the dual-ion-irradiated range, i.e., from 0.5 to
1.8 lm as shown in Fig. 2. The simultaneous helium implantation
to SiC has been reported to enhance swelling at 400–800 �C [5].
The swelling estimated from the irradiated curvatures of the con-
trol specimens irradiated with dual ions was consistent with that
in the previous report. This may permit a comparison between
irradiation creep strain and swelling in a manner similar to the sin-
gle-ion case, despite the somewhat localized distribution of he-
lium. In contrast to the significant enhancement of swelling by
helium, however, the helium effect on irradiation creep seemed
to be very limited at all irradiation temperatures except for very
low fluence. For example, the linear swelling/irradiation creep at
0.01 dpa (0.6 appm He) was estimated to be 0.09/0.16% at 400 �C
and 0.05/0.1% at 800 �C. In addition, the linear swelling/irradiation
creep at 3 dpa (180 appm He) was estimated to be 0.48/0.48% at
400 �C and 0.23/0.25% at 800 �C. Note that the estimated
jStressed

irr =jControl
irr ratio is similar or slightly higher than that of sin-

gle-ion cases below 0.03 dpa (1.8 appm He) at all temperatures.
This indicates that the observed helium effect depends strongly
on the concentration of helium or He/dpa ratio.

Fig. 11 (a and b) shows the microstructure of the specimen irra-
diated with dual ions to 3 dpa at 800 �C under an applied stress of
150 MPa. Similar to Fig. 6, both images show identical locations in
a grain, but those were taken from a different foil tilt. Because the
foil surface of this selected grain roughly corresponds to the h100i
direction, the approximate stress axis can be written as indicated
by arrows in each image. Under the conditions studied here, Frank
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loops appeared on two of four {111} planes in each image using
either the (a) g = 200 or (b) g = 020 diffraction condition as sche-
matically shown, and others had disappeared because of the
g�b = 0 condition. The normal stress for loops in Fig. 11 (a) is clearly
smaller than that in Fig. 11 (b) because of the very large angle be-
tween the stress axis and loop normal, approximately 64� for both
the two loop planes with respect to external stress. Most loops
were observed as black dots or very small loops, and in this case,
neither 111 rel-rods nor streaks were detected in the diffraction
spots probably because of their small size in contrast to the sin-
gle-ion case. The mean loop diameter was 2.6 nm for non-aligned
loops and 2.8 nm for relatively aligned loops, both of which are sig-
nificantly smaller than those of the loops found in the single-ion-
irradiated specimen (see Fig. 8). The size distributions of each loop
are shown in Fig. 12. The total number density of the loops is
2.4 � 1023 m�3, which is more than twice than that of the loops
in the specimen irradiated with single ions at the same fluence
and temperature under higher applied stress (300 MPa). Although
the size peak for non-aligned loops seems to be somewhat sharp
compared to that for aligned loops, no significant difference in
the size distribution between favorable and unfavorable loops
was detected for the dual-ion case.

3.6. Recovery of the dimensional change

Specimens irradiated to 1 dpa at 400 and 800 �C were annealed
in a vacuum furnace for typically 30 min at 200–1500 �C in incre-
ments of 100 �C to study the recovery of the swelling and irradia-
tion creep strain. The annealed curvature was measured at room
temperature after being annealed at each temperature. Note that
the specimens were not fixed on any fixture during annealing;
therefore, some compression stress was expected in the irradiated
region. The annealed curvatures normalized by the as-irradiated
curvature for specimens irradiated at 400 and 800 �C are shown
in Fig. 13 (a and b), respectively, and each figure includes plots
for both single- and dual-ion cases for comparison. In Fig. 13 (a),
recovery began at the irradiated temperature of 400 �C, and more
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than 95% of the as-irradiated strain was recovered at 1500 �C for all
specimens. Although the recovery rate of swelling in single-ion-
irradiated specimens (open triangle) seems to be smaller than
those in other specimens below 1000 �C, a similar recovery trend
was observed for all other specimens. In Fig. 13 (b), recovery of
the single-ion cases began at the irradiation temperature of
800 �C. Then, somewhat steep recovery is observed above this tem-
perature. On the other hand, the recovery of dual-ion-irradiated
specimens, especially stressed specimens, is found at temperatures
significantly lower than the irradiation temperature. This is unex-
pected because the damage level of 1 dpa seems to be enough to
reach a mature microstructure at 800 �C. No significant differences
were observed for the final curvatures of each specimen after
annealing at 1500 �C, which is a similar value to that observed
for specimens irradiated at 400 �C. These recovery behaviors may
be attributed to the recovery of microstructural defects, where
the slight remaining strain observed after annealing at 1500 �C is
probably responsible for the vacancy-related clusters, similar to
those reported by positron annihilation spectroscopy [18]. Further
discussion is contained in the following section.
4. Discussion

In this work, the irradiation creep of SiC, which was found
above 400 �C for the single-ion case, was studied by an ion-irradi-
ation method. First, it should be pointed out that a temperature-
dependent linear relationship between irradiation creep strain
and swelling was observed at 400–800 �C, as shown in Fig. 5, indi-
cating dpa dependence of irradiation creep strain similar to that of
swelling. This has recently been reported for neutron-irradiated
SiC, and a linear coupling equation between swelling and irradia-
tion creep strain was proposed in [16] as described above. The gen-
eral trend of the SiC swelling was reported to be roughly
proportional to the logarithm of dpa at <0.03–0.05 dpa depending
on temperature, with the swelling rates gradually decreasing with
damage accumulation [5]. Swelling reaches the saturation value
defined by the irradiation temperature, except for the temperature
at which void swelling commences (above 1000 �C) or amorphiza-
tion is dominant (below �150 �C depending on the species of
incident particle or energy), and then the saturation value begins
to continuously decrease with increasing temperature at
�150 < Tirr<1000 �C. These trends may be understood from knowl-
edge of the microstructural development. Swelling is believed to
be due to the accumulation of point defects such as vacancies,
interstitials, antisites, and tiny defect clusters in the temperature
range. Because self-interstitial atoms (SIAs), perhaps C interstitials,
are believed to be mobile by about 200 �C [19,20], most SIAs pro-
duced by displacement are expected to recombine with vacancies
or form SIA clusters with each other in the early irradiation regime
[21,22] at >�200 �C. The population of these defects increases rap-
idly with fluence in the transient swelling regime. Therefore, most
point defects may be mutually annihilated or captured immedi-
ately by dense SIA clusters (after they are produced) if the mobility
of the vacancies is not significant. These may be responsible for the
rapid increase in swelling below �0.05 dpa, and the saturated
swelling is essentially determined by the equilibrium population
of defects at a given irradiation temperature. Although the fraction
of the swelling contribution within the defects listed above is not
clear, the relative contribution of point defects such as single
vacancies probably decreases with increasing temperature because
of the significant reduction in the defect density. In turn, the
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relative contribution of tiny SIA clusters may increase at higher
temperatures. Because the net diffusivity of the SIAs was reported
to still be limited below 1000 �C due to the significant sink density,
the growth rates of SIA clusters are still limited at 800 �C [23,24].
Indeed, the formation of Frank loops or small loops, which can be
distinguished from so-called black dots, was reported in SiC irradi-
ated above �600 �C for neutron work [3,25] and above 800 �C for
ion-beam work [26]. Therefore, the contribution of SIA clusters
with even higher number densities to swelling is probably signifi-
cant and dominant at 400–800 �C.

On the other hand, irradiation-induced creep or anisotropic
strain in cubic SiC essentially requires stress-assisted defect mo-
tion in addition to the number of contributors. The limited thermal
mobility of most defects at 280 �C is probably responsible for the
absence of irradiation creep. Although carbon interstitials are mo-
bile and form tiny, dense SIA clusters with each other at 280 �C as
stated above, most SIA clusters found in SiC irradiated with neu-
trons at 300 �C have been reported to be less than 1 nm in apparent
diameter [26]. Because the size corresponds to the resolution limit
of the conventional TEM used in that work, TEM-invisible SIA clus-
ters presumably are the dominating defects at 280–300 �C. SIA
clusters survived the intracascade recombination, with each clus-
ter typically containing several to 100 atoms and being shaped like
small prismatic dislocation loops with radial dimensions of 1–3 nm
for the metals [27], is also a possible condensation center for SIAs.
The orientation may be affected by external stress during nucle-
ation and may cause the anisotropic loop distribution. For SiC,
however, only a few and very small SIA clusters, each containing
less than three or four atoms, have been theoretically found
[28,29]. Because these tiny SIA clusters seem to be too small to in-
duce anisotropic lattice dilation because of their poor two-dimen-
sional shape, defect size, in addition to defect mobility, is probably
insufficient to induce the irradiation creep at low temperatures de-
spite the significant defect population.

Above 400 �C, at which irradiation creep becomes measurable,
the tiny, dense microstructural features are still maintained; how-
ever, the diameter of SIA clusters formed at 400 �C was from 1 to
3 nm [26], indicating a significant increase in the SIAs’ net mobility
compared to that at 280 �C. Therefore, the irradiation creep ob-
served above 400 �C can probably be attributed to stress-assisted
motion in the thermally mobile defects. The most notable stress ef-
fect on the microstructural development is the anisotropy of the
Frank loop distribution, which was found at 800 �C as shown in
Figs. 7 and 8. This characteristic loop distribution is commonly
known as the stress-induced preferential nucleation of loops (SIPN)
[30–32] or stress-induced preferential absorption (SIPA) [33,34] for
pure metals and alloys, where nucleation or growth of interstitial
loops depends on their orientation with respect to the external
stress axis. These are typically interrelated with a number of other
irradiation creep mechanisms in metals [35], such as the climb-in-
duced glide mechanisms [17], which cause dislocations of different
orientations to climb at different rates. When the glide processes of
the dislocations are neglected, as in the case of SiC, the lattice dila-
tion caused by the anisotropic distribution of the loops and 2D SIA
clusters directly contributes to the anisotropy of the macroscopic
strain.

Anisotropic loop formation in SiC has been reported in speci-
mens irradiated with an ion beam at 1400 �C [36]. The fraction of
loops formed on the 111 plane nearly parallel to the irradiated sur-
face was significantly larger than that on the other 111 planes in a
grain. The strain constraint, except in the direction toward the free
surface end, was concluded to be responsible for the lower loop
density for the other 111 planes. Slight but measurable anisotropy
of the loop distribution was also reported in neutron work for SiC
irradiated under applied bend stress at 1000 �C [26]. Both results,
however, showed that stress has an insignificant effect on defect
size, which is consistent with the present result. These results indi-
cate that the SIPA operation is somewhat limited in SiC even at
high temperatures. The absence of, or very limited, strain after
the second irradiation following the first irradiation without stress
supports the insignificant contribution of the SIPA mechanism to
irradiation creep (see Fig. 9). The exception of the re-irradiation re-
sults for the specimen initially irradiated to 0.01 dpa at 800 �C, in
which significant strain was induced by the second irradiation,
was presumably due to the very low number density of the defects
and unfinished nucleation of SIA clusters at the damage level of the
first irradiation.

Strain in both the stressed and control specimens of 50 lm
thickness irradiated to 0.01 or 0.1 dpa is shown in Fig. 14 as a func-
tion of irradiation temperature. Irradiation creep strain (solid lines)
seems to be independent of irradiation temperature from 400 to
800 �C because the temperature dependence of creep strain is con-
trary to the negative temperature dependence of linear swelling at
this temperature range. Assuming that both stressed and control
specimens have SIA clusters of similar density and the primary
contributor to strain is SIA loops at 400–800 �C, the differential
strain between the stressed and control specimens (the difference
between the solid and dotted lines in Fig. 14) is primarily
attributable to the magnitude of the loop anisotropy. The temper-
ature-dependent discrepancy between the two, as shown in
Fig. 14, indicates that the fraction of the aligned defects and loop
area increases with irradiation temperature at 400–800 �C. This
also implies that more than 35% and 50% of SIA clusters including
Frank loops were aligned to the external stress at 600 and 800 �C,
respectively. The discontinuous drop observed for the 1 dpa case at
1000 �C is probably caused by the rapid decrease in loop density, as
observed in unstressed SiC [26]. Although further analysis may be
required to determine the primary irradiation creep mechanism in
SiC, the anisotropic distribution of SIA clusters taking planar shape
is the most probable. This is probably caused by SIPN and/or the
rotation of initial interstitial clusters very early in the irradiation
regime. Note that a linear relationship between irradiation creep
strain and swelling was observed at all stress levels, indicating that
the fraction of loops aligned in respect to the external stress is
dependent on stress level, in addition to temperature.

The effects of helium on swelling has also been reported for SiC
irradiated with dual ions at a wide temperature range [5], where
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much larger swelling at 400–800 �C was found in dual-ion-irradi-
ated specimens than that in single-ion-irradiated specimens. Be-
cause helium has an extremely low solubility in most irradiated
materials, it generally has a strong tendency to precipitate into he-
lium bubbles, which are vacancy clusters filled with helium gas. It
has been speculated that the increasing number of vacancies stabi-
lized by helium atoms is the underlying mechanism for the en-
hanced swelling [5], although the helium bubbles have been
generally observed in SiC above 10 dpa at >1000 �C under He/dpa
ratio conditions similar to those in this work [37,38]. Although
the effects of helium on irradiation creep in SiC are also expected
to be significant because of the strong interdependence between
creep and swelling as demonstrated, no report is currently avail-
able. In contrast to the results on enhanced swelling, however,
Fig. 10 clearly shows that helium suppressed irradiation creep,
especially at the conditions inducing much swelling. This probably
can be attributed to the lack of significant anisotropy in the loop
distribution, as shown in Figs. 11 and 12. It is also important to
note that the recovery of the specimen irradiated with dual ions
was observed significantly below the irradiation temperature, as
shown in Fig. 13 (b). Thermal helium desorption of 3C–SiC
irradiated with helium ions below 100 �C has been reported to oc-
cur at 800–900 �C or above 1000 �C depending on the implantation
energy [39,40]. The low temperature peak was found only in spec-
imens irradiated with very low energy He ions, which was attrib-
uted to interstitial helium or helium trapped by the near-surface
sites. High temperature peaks were generally observed for speci-
mens irradiated with MeV He ions, which is a condition somewhat
comparable to this work. Such peaks are thought to be related to
the detrapping of helium from He-vacancy clusters. Therefore,
the recovery found below 800 �C may not be related to helium
desorption but, rather, implies that the defects formed in the
specimen were more unstable than others at the irradiation
temperature, probably because of their small size. If the loop orien-
tation was determined at very low fluence as discussed above,
helium and/or the dense vacancies stabilized by helium atoms
would affect the orientation of the nuclei of SIA clusters.
5. Conclusion

The irradiation creep of high-purity 3C–SiC produced by CVD
was studied by an ion-irradiation method under various condi-
tions. Thin specimens were fixed in curved fixtures equipped with
a slit and tensioned surface and then subjected to ion irradiation
through the slit. The surface strain was successfully estimated from
the irradiated curvature on the basis of results that showed a linear
dependence between the curvature and swelling estimated from
the step height of specimens irradiated without stress. Comparing
the irradiated curvatures of stressed and non-stressed specimens
provided the following information: (1) irradiation creep was ab-
sent at 280 �C, (2) irradiation creep strain and swelling exhibited
a linear relationship at 400–800 �C, (3) the proportional constant
increased with temperature and stress, and (4) irradiation creep
strain was somewhat limited above 1000 �C. Microstructural anal-
ysis revealed significant anisotropic distribution of Frank loops in a
stressed specimen irradiated at 800 �C, which was suspected to be
the primary irradiation creep mechanism of SiC. The very limited
defect mobility, therefore, is probably responsible for the lack of
creep strain at 280 �C. The results of re-irradiation under stress
after irradiation without stress, in which irradiation creep was
significantly retarded by the pre-irradiation to 0.01 dpa at 400
and 600 �C, imply that the orientation of the loops including SIA
clusters was determined very early in the irradiation, at least be-
low 0.01 dpa. The insignificant stress dependence on the defect
size also supports this conclusion. For dual-ion cases, irradiation
creep was absent or very limited at all irradiation temperatures
studied (400–800 �C). Microstructural analysis and strain recovery
behavior indicated that helium inhibited the stable growth of SIA
clusters and prevented them from exhibiting anisotropic
distribution.
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Silicon carbide (SiC) for nuclear structural applications, whether in the monolithic ceramic or composite
form, will require a robust joining technology capable of withstanding the harsh nuclear environment.
This paper presents significant progress made towards identifying and processing irradiation-tolerant
joining methods for nuclear-grade SiC. In doing so, a standardized methodology for carrying out joint
testing has been established consistent with the small volume samples mandated by neutron irradiation
testing. Candidate joining technologies were limited to those that provide low induced radioactivity and
included titanium diffusion bonding, Ti–Si–C MAX-phase joining, calcia–alumina glass–ceramic joining,
and transient eutectic-phase SiC joining. Samples of these joints were irradiated in the Oak Ridge
National Laboratory High Flux Isotope Reactor at 500 or 800 �C, and their microstructure and mechanical
properties were compared to pre-irradiation conditions. Within the limitations of statistics, all joining
methodologies presented retained their joint mechanical strength to �3 dpa at 500 �C, thus indicating
the first results obtained on irradiation-stable SiC joints. Under the more aggressive irradiation conditions
(800 �C, �5 dpa), some joint materials exhibited significant irradiation-induced microstructural evolu-
tion; however, the effect of irradiation on joint strength appeared rather limited.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

The use of silicon carbide (SiC) composites in nuclear power
applications, primarily fusion reactor structural elements or
light-water reactor (LWR) fuel cladding and core constituents,
has received increasing attention over the past decade and has
been discussed as a critical need over the past two decades [1–3]
for conceptual fusion reactor designs such as the European TAURO
design [3], the US ARIES-AT and ARIES-ACT designs [4,5], and the
Japanese DREAM [6]. Fig. 1 gives a schematic representation of
the TAURO design, essentially consisting of nested plates made
from SiC composite that form a simple compartmentalized box de-
sign in which the first wall and blanket internals are separately
cooled by Pb-17Li. The ARIES-AT concept is of a similar design,
again utilizing SiC composite and Pb-17Li coolant, in fairly simple
geometry for ease of fabrication and joining. At the time of these
fusion reactor designs, joining technologies were not specified.

For fission power applications, two generic design types
employing SiC composites for LWR cladding are under discussion:
fully ceramic SiC cladding and ceramic/metal cladding. For the
fully ceramic cladding, some combination of fibrous composite is
utilized to achieve fracture resistance and high-temperature per-
formance with a single layer or multiple layers of monolithic SiC
ceramic used to seal the inherently porous and microcracked com-
posite. Using the metal/ceramic design, sealing is achieved either
by an inner metallic bladder (liner) or outer metallic seal. For the
fully ceramic system, an end-cap seal is required, which is a critical
technology development still awaiting a solution.

As previously stated, the ability of joining SiC to itself or other
materials is a critical, unresolved technological need regarding
the application of SiC ceramics and composites in nuclear systems.
This is in contrast to the ability to join SiC or SiC/SiC for non-nucle-
ar applications, which can be accomplished in a reliable and rugged
manner through a number of conventional and advanced tech-
niques. The suite of nominally conventional techniques that has
been successfully demonstrated includes pre-ceramic polymer
joining, glass–ceramics, reaction bonding, active metal/pre-cera-
mic polymers, and active metal solid state displacement reactions.
Additional details of these methods are provided in Section 2 of
this paper. Although comparison of results from different studies
on the strength of various bonding techniques is confounded by

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.10.002&domain=pdf
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Fig. 1. Conceptual schematic of TAURO blanket design (left) and end plug section of fully ceramic LWR fuel rod (right).
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a lack of standards for testing and the variety of test types used
(e.g., bend vs tensile, etc.), the strength of the joints produced ap-
pears adequate for fusion and nuclear applications.

A key issue is that the methods studied to date, and the limited
data available on the irradiation of joints and the materials making
up those joints, have demonstrated poor irradiation stability. As
discussed previously, a reliable joining technique for SiC still re-
mains to be developed for nuclear applications. This is why
mechanical component designs for near-term applications (such
as control rod sleeves for high-temperature gas-cooled reactors)
avoid the issue of joining entirely, preferring instead to use
mechanical joints [7,8]. However, this option is not possible for fu-
sion blanket systems, which require leak-tightness to PbLi or in
some cases helium, or in the case of LWR cladding, as hermeticity
(the retention of fission products and helium) is a functional
requirement.

Another issue related to joining of SiC is the lack of a widely ac-
cepted standard test method: a reliable test not prohibitively diffi-
cult and/or expensive to prepare and capable of yielding
reproducible shear strength is still unavailable [9]. An additional
concern for nuclear applications is the use of miniaturized speci-
mens necessary for testing irradiated samples. Torsion of solid
specimens seems to be the appropriate test method for post-irradi-
ation shear properties of joints of SiC-based materials [10]. The
optimization of torsional specimen size and geometry was per-
formed through the collaborative efforts of Oak Ridge National
Laboratory (USA), Kyoto University (Japan), and Politecnico di Tor-
ino (Italy). Based on this development, a reliable comparison
among different joints before and after neutron irradiation is pre-
sented in this work.
2. Joining technologies for silicon carbide

Various methods have either already been established or are
currently considered promising for joining SiC to SiC, either mono-
lithic or composite, for non-nuclear applications. These methods
include solid state sintering of SiC ceramics, diffusion bonding
using various active fillers [11], transient eutectic-phase routes
[12–15], glass–ceramic joining [9,10,16], metallic braze-based
joining [17–20], SiC reaction forming [21–23], MAX-phase bonding
[24], pre-ceramic polymer routes [25–27], and selective area
chemical vapor deposition (CVD) [28], to name a few. Joining pro-
cesses that utilize solid state diffusion or transient liquid phases
may often be assisted by additional local/internal heating schemes
such as laser, electron beam, and pulsed electrical field (as used for
spark plasma sintering) applications. When these techniques are
discussed for application in nuclear environments, consideration
must be given to issues related with neutron irradiation, in addi-
tion to those common to non-nuclear applications: strength and
reliability during mechanical loading, required pressure for pro-
cessing, potential process-induced damages to the base materials,
chemical compatibility of the joint with the specific operating
environment, and the ability to satisfy the design-specific herme-
ticity requirement. Specific to fusion applications is the strong bias
towards materials with low induced radioactivity to ensure the
structure remains a ‘‘low-activation’’ component. Below, represen-
tative joining methods for SiC ceramics and composites are briefly
reviewed and discussed in terms of potential critical issues for
applications in fusion and nuclear energy systems.
2.1. Solid state diffusion bonding

SiC to SiC can be achieved through a purely solid state self-dif-
fusion process at very high temperatures and high pressure. This is
obviously the ideal method, along with the selected area CVD, for
producing a robust permanent joint in terms of chemical purity
and structural continuity. However, considering that self-diffusion
bonding typically requires high pressure at a temperature of at
least 0.75Tm, its utilization in practical applications will be severely
limited, although the field-assisted technique achieves adequate
bonding at a ‘‘low’’ temperature of �2000 �C.

Far more common methods to join SiC to SiC are metal diffusion
bonding techniques, which are accomplished by solid-state diffu-
sive conversion of a metal insert into compounds with the host ele-
ments, silicide and/or carbide with SiC, to produce strong joints
[29,30]. Metal diffusion bonding of SiC has been successfully
achieved with various refractory metals, such as titanium, molyb-
denum, tantalum, niobium, and tungsten, which form carbides that
are thermodynamically more stable than SiC [11]:

ðxyÞSiCþ ðxþ yÞM! ðyÞMCx þ ðxÞMSiy: ð1Þ

Solid state diffusion for these metals is generally fast enough at
temperatures higher than �1200 �C to result in full conversion of
a thin metal foil (tens of microns) insert or powder slurry into the
ceramic phases. Titanium makes Ti–Si–C ternary MAX phases in
addition to the binary conversion products under certain condi-
tions, and these are specifically classified as MAX-phase joining.
The strength of the metal diffusion bonding is generally determined



Y. Katoh et al. / Journal of Nuclear Materials 448 (2014) 497–511 499
by the fracture toughness of the conversion phases or the interfaces,
volume change upon production of the carbide and/or silicide, and
differences in the physical properties between the host ceramic and
the conversion product phases.

Titanium is commonly used for the metal diffusion bonding of
SiC. Titanium-joined SiC provides adequate strength, often exceed-
ing 100 MPa in the shear mode, though this strength is often lim-
ited by a major mismatch in the coefficient of thermal expansion
(CTE) between TiC and SiC. The process parameters, mainly tem-
perature and hold time, determine the spatial and fractional distri-
butions of the common reaction products among TiC, Ti5Si3(Cx),
and Ti3SiC2 [30]. Thus it is possible to minimize the CTE mismatch
effect by process optimization.

Molybdenum diffusion bonding is reported to produce SiC
joints with enhanced robustness [11], while tungsten may be the
preferred joining agent for fusion from the standpoint of long-term
activation. Cockeram reports qualitatively reasonable joining of
CVD SiC through tungsten-insert solid state diffusion [31].

2.2. Transient eutectic-phase joining

Transient eutectic-phase (TEP) joining, often referred to as li-
quid-phase sintering (LPS) for ceramics processing, is a common
technique used to produce silicide ceramics in monolith form.
The TEP technique utilizes dissolution-reprecipitation processes
of silicide ceramics with the silica-alumina-rare earth oxide
eutectics to obtain a dense body [32]. The TEP process for produc-
ing SiC can be categorized as either pressureless or pressurized
processes. Pressureless sintering is often adequate for low-cost
production of SiC-dispersed ceramics, whereas pressurized sin-
tering offers increased SiC volume fractions, leading to superior
performance. The TEP processes are also used to join both metals
and ceramics. For joining SiC, it is most straightforward to use a
powder mixture, such as a SiC–alumina–yttria system, in which
sintered SiC is the joining agent. Sintering the SiC base materials
together using a SiC-free or silica-free joining agent is also an op-
tion [13]. A pressureless TEP process may be combined with the
laser- or electron beam-assisted local heating to achieve pres-
sureless joining [13].

A special category of pressurized TEP process named nano-infil-
tration and transient eutectic-phase (NITE) process was developed
by Katoh et al., for production of SiC-matrix composites [33,34].
The NITE process, using nano-phase SiC powder precursor and lim-
ited quantity of sintering additives produces high quality SiC at a
relatively low sintering temperature, which is suitable for joining
SiC composites. NITE-like SiC-based joining was successfully
accomplished, in which SiC joints of very high strength were dem-
onstrated [12,15]. NITE-like joining may be performed either by
applying the mixed powder in slurry or other forms or by using a
commercial green sheet [15]. This joining process reportedly pro-
duces the best results when pressure in a typical range of 5–
20 MPa is applied at a relatively high temperature of �1800 �C.
Since the NITE SiC/SiC composites and the monolithic NITE-like
sintered SiC have demonstrated promising radiation resistance
[35], the NITE joint is anticipated to also exhibit reasonable toler-
ance against neutron irradiation.

2.3. Glass–ceramic joining

Glass–ceramics joining, another promising method used to join
ceramics in non-nuclear applications, is potentially useful for join-
ing SiC ceramics and composites for fusion and nuclear energy
applications because of (1) the relatively low temperature and
low pressure required for joining, (2) the gas tightness and poten-
tial self-healing at high temperatures due to presence of a residual
glassy phase, (3) the low activation properties for properly selected
compositions, and (4) the ability to tailor CTE and microstructures.
Development of glass–ceramic joining has been studied by Ferraris
et al., who have produced promising joints of SiC composites using
several systems including silica–alumina–yttria (SAY) [36] and cal-
cia–alumina (CA) [10,37].

The use of glass–ceramics as joining materials in a high radia-
tion environment is debatable. A few studies have been con-
ducted on neutron irradiation of glass ceramics [38,39]. Two
competing processes, swelling and densification of amorphous
and crystalline phases present in a glass–ceramic, are known. It
is also known and predictable that differential swelling/shrinking
of the two phases can lead to a reduction in strength and ulti-
mately to separation of the phases and eventual destruction of
the material. However, recent results from neutron irradiation
in High Flux Reactor (Petten) up to �3 � 1025 n/m2 (E > 1 MeV)
at 600–820 �C showed only limited effects of irradiation on the
phase stability, microstructure, and strength of the SAY glass–
ceramic-joined SiC composite [36].

Moreover, a designed balance between swelling and shrinkage
could lead to a glass–ceramic joining material that could be used
in a pressureless joining method. Such feature could be of impor-
tance when large components have to be joined. A few glass–
ceramics are currently under evaluation as pressureless joining
materials for nuclear environment [9,10,16]. Common consider-
ations associated with the use of glass–ceramics for nuclear appli-
cations are if extensive microcracking occurs due to differential
swelling in a multi-phase joint and, similar to the reaction-bonded
joint, if that microcracking can affect strength and permeability
properties.

2.4. Metallic braze-based joining

A substantial amount of research and commercial development
has been conducted on metallic braze-based joining technologies
for SiC: the rationale behind it is the intrinsically safer mechanical
behavior of a tough metallic joining material than that of brittle
ceramic joints. Moreover, brazing technology that does not require
pressure will be better suited to joining of large and/or complex
components. Note that silver-based brazing technologies are not
discussed in this paper due to the activation issue.

Originally developed by CEA in France for nuclear applications
and commercialized by Snecma [19], the BraSiC™ formulation
has found modest use in non-nuclear applications: several pat-
ents and a few technical papers describe this family of brazing al-
loys based on metal silicides [40–43]. These alloys are primarily
M:Si alloys, where ‘‘M’’ represents metals of Cr, V, Ti, Rh, etc. Dif-
ferent BraSiC formulations are achieved by different M brazing
atmospheres, resulting in a controlled and quite complete infil-
tration of the composite. Brazing is achieved using a pressureless
process at temperatures ranging from 1200 to 1800 �C. Respect-
able shear strengths (80–100 MPa at 800 �C) have been reported.
The main concern from a nuclear application standpoint is that
the presence of residual silicon has been shown, in monolithic
SiC, to reduce strength due to anisotropic swelling of the different
phases [44–46].

Recently, an approach utilizing a multiphase braze alloy con-
sisting of silicon and aluminum was developed by the Edison
Welding Institute (Columbus, Ohio) [47]. The process results in a
continuous primarily silicon braze joint containing discontinuous
Al4C3 particles where aluminum comes into contact with SiC. Min-
or amounts of iron are also present. The process can be carried out
at a low temperature (�1200 �C), and the samples did not fail dur-
ing neutron irradiation in the Ohio State University research reac-
tor to �1 milli-dpa. While the resulting bonds are claimed to be
strong, there remain concerns regarding their stability in a radia-
tion or water environment. As discussed in Ref. [47], and confirmed
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through the work of Corelli et al. [44], Matthews [45], and Matheny
and Corelli [46], the differential dimensional stability of silicon and
SiC results in stress-induced microcracking.
2.5. Si–C reaction bonding

Reaction forming of SiC, another technique to form SiC-based
material to join SiC, is achieved most commonly by the direct
reaction of silicon and carbon. The typical technical approach is
to heat the pre-mixed joining formula to slightly above the melt-
ing point of silicon. During this process, the volume expansion
upon conversion of carbon into SiC progressively microcracks
the already formed SiC, letting capillary force drive molten
silicon further into unreacted areas until the carbonaceous pre-
cursor is fully consumed. Therefore, the resultant joint micro-
structures consist of two distinct phases, namely, crystalline
and stoichiometric SiC and the unreacted metallic silicon. The
volume fraction of unreacted silicon may be reduced to �10%
when the process is optimized for reduced silicon content in
the final product [48].

The direct Si–C reaction bonding has not been paid much atten-
tion for nuclear applications due to the well-known detrimental ef-
fect of the SiC–Si dual-phase microstructures on radiation stability,
as mentioned above [44–46]. Matheny and Corelli reports the
onset of substantial strength degradation of reaction-bonded SiC
at a fluence between 2 � 1023 and 2 � 1024 n/m2 (E > 1 MeV), pre-
sumably corresponding to �0.03 and �0.3 dpa, respectively, at an
irradiation temperature of �130 �C [46]. Although credible infor-
mation about the swelling behavior of neutron-irradiated silicon
is unavailable, it is reasonable to speculate that the typical cracking
strain on order of �0.1% for brittle ceramics is reached in this flu-
ence range where SiC is anticipated to linearly swell by �0.15% to
�1% at this temperature [49].

It is obvious that the differential swelling issue becomes critical
when the volume fraction of the second phase is substantial, both
phases are brittle, and there is no effective mechanism such as
thermal or irradiation creep operating to mitigate the developing
stress. This is likely the case for the reaction-bonded SiC. However,
consequences of the differential swelling may be minimized when
the microstructure is optimized so that the minimum amount of
unreacted silicon is distributed as tiny grains within the contin-
uum of the SiC matrix. Such microstructures have been demon-
strated by Suyama et al. [48].

The reaction bonding can be applied in vacuum, inert, or oxida-
tive atmospheres. While the capability of joining in air is a great
benefit, when processed in air, silica is formed in the joint layer
in addition to SiC and unreacted silicon found after joining in an in-
ert atmosphere. As with the presence of silicon, silica has produced
an unmatched dimensional change with irradiation (a contraction
as compared to the swelling of SiC [50]) and would therefore be
considered a concern as a bonding constituent.
2.6. MAX-phase joining

Some of the MAX-phase ceramics including Ti3SiC2 are known
to offer high-temperature strength, pseudo-ductility or damage
tolerance, and oxidation resistance [51]. The Ti3SiC2 MAX-phase
joining of SiC and SiC-composite may be achieved through multiple
routes. Solid state diffusion bonding of SiC using titanium insert re-
sults in formation of Ti3SiC2 phase under certain processing condi-
tions [30]. A recent study at Oak Ridge National Laboratory (ORNL)
confirmed that a near-single-phase Ti3SiC2 joint may be produced
via this method [52]. Dong et al. reported successful joining of
SiC by hot pressing using pre-synthesized Ti3SiC2 powder as the
bonding compound [53].
Alternatively, bulk composite material consisting of SiC–Ti3SiC2

with small amounts of TiC determined by the phase equilibria con-
ditions has been produced using the displacement reaction be-
tween Si and TiC [54]:
3TiCþ 2Si! Ti3SiC2 þ SiC: ð2Þ
The joint composition can be adjusted using the TiC:Si ratio. [24,55–
57]. When applied to joining SiC for nuclear applications, the joints
are characterized by high strengths and low activation. Pacific
Northwest National Laboratory (PNNL) has developed a tape casting
process to join ceramics using this reaction. Henager and Kurtz re-
port adequate strength and fracture toughness for the Hexoloy sin-
tered SiC and Hi-Nicalon™ Type-S CVI SiC composite joints,
prepared by the PNNL tape casting process, at temperatures up to
�1000 �C [55].

The Ti3SiC2 MAX-phase joining for SiC has not previously been
evaluated for the effects of irradiation or optimized for irradiated
properties. Limited publications on irradiation effects on the bulk
Ti3SiC2 imply moderate radiation stability for ceramic materials
based mainly on microstructural examination [58,59]. However,
the effects of neutron irradiation on integrity are largely unknown
for both bulk materials and joint structures.
2.7. Polymer-derived SiC joining

Preceramic polymers, such as polycarbosilanes and polysilox-
anes, with inert and reactive fillers are used in SiC joining technol-
ogies [25–27,57,60,61] and have performed adequately as joints
with moderate strength. Polycarbosilane, which converts to SiC, re-
quires high-temperature processing and inert handling, while
polysiloxanes, which convert to Si–O–C, can be pyrolyzed at lower
temperatures and can be handled in air. Joints made from such
materials exhibit strengths that range from 5 to 30 MPa when
tested in shear. A known difficulty with preceramic polymers is
mass loss, which can exceed 50%, on conversion to a ceramic phase.
A slightly different approach uses a linear chain of poly-
hydridomethylsiloxane (PHMS) as a precursor to a highly cross-
linked polysiloxane, by applying a catalytic chemistry approach
developed at SRI International, that has the advantage of much
lower mass loss on ceramic conversion compared to other systems,
and pyrolysis occurs at temperatures as low as �600 �C [24,62,63].
PHMS polymer converts to a silicon oxycarbide, which may be a
disadvantage in terms of creep strength and corrosion resistance
depending on the structure and amount of free carbon [64].

Polymer-derived SiC products are in general unstable in a radi-
ation environment, as well demonstrated by the neutron irradia-
tion response of the ceramic-grade Nicalon™ fibers that are
derived from polycarbosilane [65]. This is due to the intrinsic radi-
ation instability of silicon oxycarbide and the nano-crystalline SiC-
based structures. Certain polymers that convert to near-stoichiom-
etric SiC [66,67] have the potential to produce radiation-stable SiC-
based joints when combined with a crystallization treatment.
However, achieving adequate mechanical properties for polymer-
derived SiC after being fully crystallized is expected to be a chal-
lenge [68].
2.8. Summary of joining methods

Methods discussed in this section for joining SiC ceramics and
composites are summarized in Table 1, along with typical reported
strength properties and anticipated irradiation performance issues
based on the chemistry and the microstructural information.



Table 1
Methods of joining SiC-based materials.

Method Process condition Material/phase in joint Typical strength Irradiation performance Refs.

Solid state diffusion bonding 1200–1500 �C, 3–50 MPa Ti3SiC2, Ti5Si3Cx, TiC, TiSi2 Up to �150 MPa shear This work [29,31,69]
1500 �C, 3–17 MPa Mo5Si3Cx, Mo2C, what phase �150 MPa DNS1 shear Unknown [11]
1500 �C, �17 MPa WC, W2C, W5Si3 Not reported Unknown [31]

Transient eutectic-phase joining 1500–1900 �C, 5–20 MPa SiC, Al–Y–O Up to �300 MPa tensile Expectedly good [15]
Glass–ceramic joining 1375 �C, pressureless Mullite, cristobalite, keivyite �100 MPa 4PB2 No degradation at a

few dpa reported
[37]

1480 �C, pressureless CaO–Al2O3 �100 MPa torsional shear This work [10,37]
Metallic braze-based joining �1400 �C, pressureless Si, MSi2 (M = Ti, Cr) �100 MPa 4 PB or shear Unknown [70–72]

�1000 �C, pressureless Si, Al4C3 Not reported No degradation at
milli-dpa reported

[47]

Si–C reaction bonding �1425 �C, pressureless SiC, Si Up to �250 MPa 4 PB Unknown [18,21]
MAX-phase joining �1450 �C, 30–40 MPa Ti3SiC2, SiC �400 MPa 4 PB This work [55]
Polymer-derived SiC joining 1000–1400 �C, pressureless Si–O–C (–N) Up to tens MPa, SLO3 shear Expectedly unstable [57,73]
Selective area CVD 1000–1500 �C, pressureless SiC Not reported Expectedly stable [28]

1 Double-notch shear.
2 Four-point bending.
3 Single-lap offset shear.
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3. Experimental methods

3.1. Preparation of joint specimens

For the present irradiation effects study, the test specimens
were prepared using diffusion bonding with the active titanium in-
sert, TEP joining with NITE-like SiC, calcia–alumina (CA) glass–
ceramics, and reaction-formed MAX-phase bonding, as summa-
rized in Table 2. The designator column indicates the method of
joining and the joined base material. For example, Ti/CVD denotes
a joint of CVD SiC to CVD SiC prepared by the titanium diffusion
bonding technique.

3.1.1. Titanium diffusion-bonded CVD SiC
A pure titanium foil (20 lm thick) was used for diffusion bond-

ing of CVD SiC. The titanium foil was inserted between two plates
of CVD SiC, and then a joint was formed by hot-pressing at 1443 K,
held for 3 h, in an argon atmosphere, at a pressure of 20 MPa.

3.1.2. TEP-joined SiC ceramics and composite
Two types of NITE-like TEP joining were prepared in this work:

the joining using mixed powder slurry (TEPs) and the joining with
a commercial green tape (TEPt) both based on the NITE formula.

TEPs joining was adopted for CVD SiC and sintered monolithic
SiC using the NITE formula (NITE-like sintered SiC; NLS SiC hereaf-
ter), and NITE SiC/SiC composite (pilot grade #3). The NITE slurry
consists of SiC nano-phase powder (average diameters �30 nm),
and Al2O3 powder, Y2O3 powder, and SiO2 powder. The total
amount of oxide additives was 6 wt%. For the fabrication of NLS
SiC, NITE slurry was sintered by hot-pressing at 1900 �C, for 1 h,
in an Ar atmosphere, under a pressure of 20 MPa. To form TEPs
Table 2
Joint materials prepared for this study.

Designator Method of joining

Ti/CVD Ti diffusion bonding
TEPs/CVD TEP/NITE SiC slurry
TEPs/NLS
TEPs/NITE
TEPt/CVD TEP/NITE SiC tape
TEPt/NLS
CA/CVD CA glass ceramic
TiSiC/CVD Ti–Si–C MAX-phase

1 Rohm and Haas CVD SiC.
2 Matrix material for NITE SiC/SiC composite.
3 Cross-ply architecture.
joint, base materials sandwiching thin NITE slurry were hot-
pressed. The conditions of the hot-pressing were identical with
those for fabrication of NLS SiC.

TEPt joining was adopted for CVD SiC and NLS SiC. The green
tape used (approximately 500 lm thick), consisting of SiC nano-
phase powder and the Al2O3/Y2O3 sintering additives, was pro-
vided by IEST Co., Ltd., Japan. The TEPt joining was performed by
hot-pressing at 1850 �C for 1 h in an Ar atmosphere under a pres-
sure of 10 MPa.

3.1.3. CA glass–ceramic-joined CVD SiC
The CA glass–ceramic joint was prepared using CaO–Al2O3 (49.7

CaO, 50.3 Al2O3 wt%) glass. The joining material was designed, pre-
pared, and characterized as described in Refs. [10,16,74]. The CA
was synthesized by melt/quenching: the powdered raw products
were melted in a platinum–rhodium crucible in air at 1750 �C for
30 min, and the glass then was poured on a brass plate and subse-
quently powdered and sieved. The joint samples were prepared by
a pressureless slurry-based method: depositing CA slurry at room
temperature on the surface of the pre-machined pieces of CVD
SiC. The slurry is a mixture of as-cast CA powder (grain size 38–
75 lm) dispersed in ethanol. A pair of half hourglass SiC parts were
pressurelessly held together in a graphite holder with the CA slurry
in-between, and then heated in a tubular oven under an argon flow
for 10 min at 1480 �C.

3.1.4. Ti–Si–C MAX-phase-joined CVD SiC
The Ti–Si–C MAX-phase joint was prepared by a tape calender-

ing process using organic binders and plasticizers together with a
mixture of TiC and silicon powders, with 99.99% purity, average
diameters less than 45 lm, and a TiC:Si ratio of 3:2. The flexible
Base material joined Phases present in joint layer

CVD SiC1 Ti3SiC2, Ti5Si3

CVD SiC SiC, YAG, Al2O3

NITE-like sintered SiC2

NITE SiC/SiC3

CVD SiC SiC, YAG, Al2O3

NITE-like sintered SiC
CVD SiC 12CaO�7Al2O3, 3CaO�Al2O3

CVD SiC Ti3SiC2, SiC
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calendered tapes were 200 lm thick and were cut to shape and ap-
plied between two pre-machined CVD SiC coupons. Joints were
formed by heating the coupon sandwiches in argon to 1425 �C at
10 K/min and holding for 2 h at 30–40 MPa applied pressure. The
extensive research conducted at PNNL has demonstrated that at
least 30 MPa of applied pressure during joining is required for full
joint density. The resulting joints were approximately 12–30 lm
thick [24,55].

It should be noted that the specimens of the titanium diffusion-
bonded and TEP joined materials were machined after lap-joining
of a pair of flat plates of the base material was completed, whereas
the specimens of the CA glass–ceramic and the MAX-phase joints
were individually prepared by joining a pair of pre-machined half
specimens in alignment fixture. The effect of processing/machining
time order on the strength of the joint specimens may not be
significant.
3.2. Strength evaluation

One of the challenges facing ceramic joint development efforts
is the lack of adequate standardized testing methods to ensure
the acquisition of mechanical properties data in a reliable and
reproducible manner. This is particularly the case when limitations
are imposed on specimen geometry/dimensions or when complex
test procedures are required because of limited flexibility in irradi-
ation experiments. The failure modes of primary interest in cera-
mic joints are shear and tension. Of these, shear is the more
common mode of failure. Simple methods such as single lap offset
shear, double-notched shear, and asymmetric four point bending
are frequently adopted for shear strength determination of ceramic
composite joints [24,75]. However, as shown in Table 3, which lists
the methods applicable for shear or apparent shear properties eval-
uation of ceramic composite joints, only the torsional configuration
is capable of producing true shear loading and appropriate for test-
ing lap-joined small specimens. Moreover, a systematic study con-
ducted in support of this work indicated that the apparent strength
values determined by the single lap offset shear test often signifi-
cantly deviate from the results of tests in a true shear loading state
[24,75]. For these reasons, torsional testing was chosen as the
method for determining joint shear strength in this study, even
though evaluation of the ability of this test to determine true shear
strength has not yet been completed. Details of torsional shear test
development are reported by Ferraris et al. [37] and Jung et al. [76].

The torsional shear specimen types 6SQ-5D and -4D were spe-
cifically chosen for this neutron irradiation study. As shown in
Fig. 2, these specimens have the envelope dimensions of
6 mm � 6 mm � 3 mm, allowing them to fit in the small interior
of an irradiation capsules and to minimize the radiological con-
cerns during post-irradiation evaluation. The potential drawbacks
and issues associated with these miniature specimens having very
short fillet section length and the square grip sections include the
non-linear stress distribution within the joint layer with regard to
the distance from torsional axis, a slight periodic variation of stress
magnitude along the circumference due to the grip shape, and the
resultant non-explicit correlation between the true and the analyt-
ical maximum shear stresses. However, the nominal shear strength
values (sth) reported in the paper are given by

sth ¼ 16T=pd3
; ð3Þ

where T is the applied torque and d is the specimen (fillet) diameter
at the joint plane. Note that the shear strength values measured in
this work would be better defined as the torsion resistance of these
joined structures, and they can be safely used to compare torsional
failure resistance of SiC hourglasses joined by several different
materials. However, the term shear strength will be used instead
of torsion resistance of joined structure for brevity.

3.3. Neutron irradiation

A series of irradiation experiments was carried out in the target
irradiation facility of the HFIR using the rabbit irradiation vehicles.
Sixteen test specimens of Type 6SQ-4D/5D miniature solid hour-
glass ceramic joints, typically four replicate specimens each for
four material variations, were placed in a single rabbit capsule.
Irradiation was carried out to approximately 3.0–3.4 � 1025 n/m2

(E > 0.1 MeV) at 500 �C and 5.0 � 1025 n/m2 (E > 0.1 MeV) at
800 �C. An equivalence of 1 � 1025 n/m2 (E > 0.1 MeV) with 1 dpa
in SiC is assumed in the following discussion. Of significance is that
at this temperature range, which is within the transient swelling
temperature regime for SiC, these fluences exceeded the saturation
fluence such that no progressive dimensional change was antici-
pated for SiC with further irradiation [77]. Therefore, although
the fluences were not high enough to fully address the radiation ef-
fect issues for fusion and nuclear applications, potential issues
associated with the swelling of SiC should for the most part be re-
vealed at these fluences.

3.4. Post-irradiation examination

Post-irradiation examination was carried out in the Low Activa-
tion Materials Development and Analysis (LAMDA) laboratory at
ORNL. Detailed examination in LAMDA included torsional shear
strength, fracture surface examination, and cross-sectional micro-
structures and micro-chemical analyses on a limited number of
specimens. Details of the shear strength test procedure are given
elsewhere [76]. Scanning electron microscopy (SEM) examination
and analyses were performed using field-emission-gun SEM Hit-
achi Models S4700 and S4800, equipped with energy dispersive
X-ray spectroscopy (EDS). The X-ray diffraction (XRD) analysis
was performed using Thermo ARL Model Scinatag Pad V.
4. Results and discussion

4.1. Shear strengths

The joint processing conditions described earlier and the testing
results are summarized in Table 4. Four replicate samples of each
material were irradiated under different conditions such that a
somewhat statistical comparison of unirradiated and irradiated
samples could be made. The average shear strength and the range
of scatter for each joint tested are graphically compared in Fig. 3.
Shear strength in an unirradiated condition, as determined by the
solid hourglass torsion test, in general appeared to be slightly over
100 MPa for titanium diffusion, CA, and Ti–Si–C bonded CVD SiC,
whereas a shear strength of �150 MPa or higher was obtained
for all the TEP-bonded materials.

Shown together with the shear strength in Table 4 are the loca-
tions of the final fracture, as determined by visual inspection of the
failed specimens. Failure at a joint denotes a flat debond entirely at
the joint plane. In this type of failure, the roughness of the fracture
surface does not exceed the thickness of the bonding layer. This
failure occurs when the entire crack initiation and propagation
processes take place along the bonding layer–substrate interface
or within the bonding layer, suggesting a significantly lower frac-
ture toughness of the joining material or the interface than that
of the base material. An example of this type of fracture surface
is shown in a three-dimensional digital micrograph in Fig. 4(A).
In contrast, some fracture surfaces appeared entirely to be a bulk
failure in the base material, as shown by Fig. 4(C). This type of



Table 3
Methods of shear (and apparent shear) properties evaluation available for ceramic joints.

Test method Specimen geometry Test requirement Stress state Example of test
standard

Short beam flexure Lap-joined beam Adequate modulus-to-strength
ratio

Mixed ASTM D2344 (for FRP)

Single lap offset Offset lap-joined coupon Mixed; sharp stress
concentration

ASTM D905

Double lap offset Offset double-lap-joined coupon Mixed; sharp stress
concentration

Double-notch shear Lap-joined double-notched coupon Mixed; sharp stress
concentration

ASTM D3846 (for FRP)

Slant shear Slant-butt-joined beam/coupon Mixed ASTM D3518 (for PMC)

Rail shear Lap-joined coupon Rigid mount on fixture Mixed ASTM D4255 (for FRP)

Torsion of solid rod Lap- or butt-joined rod/hourglass Torsion grip mechanism Shear; non-uniform ASTM F1362

Torsion of tube Butt-joined hollow rod/hourglass Torsion grip mechanism Shear ASTM D5448 (for PMC)

Asymmetric four point Butt-joined beam Strong base material Shear ASTM C1469

Iosipescu shear Butt-joined notched beam Shear ASTM D5379 (for FRP)

Fig. 2. Miniature hourglass test specimens used in the present study.

Table 4
Shear strength test results summary for SiC joints.

Joint Strength, unirradiated (MPa) Failure location, unirradiated Irradiation condition Strength, irradiated (MPa) Failure location, irradiated

Ti/CVD 124 (23)1 J2, P3 500 �C, 3.4 dpa 125 (36) J, P
TEPs/CVD 150 (64) B4 500 �C, 3.0–3.4 dpa 251 (40) B
TEPs/NLS 335 (16) B 500 �C, 3.4 dpa 349 (38) B
TEPs/NITE 209 (14) B 500 �C, 3.4 dpa 182 (21) B
TEPt/CVD 150 (16) B 500 �C, 3.0 dpa 139 (20) B

800 �C, 5.0 dpa 133 (13) B
TEPt/NLS 172 (4) B 500 �C, 3.0 dpa 126 (16) B

800 �C, 5.0 dpa 143 (10) B
CA/CVD 115 (20) J, P 500 �C, 3.0 dpa 93 (5) J, P

800 �C, 5.0 dpa 93 (6) J
TiSiC/CVD 117 (10) B 800 �C, 5.0 dpa 98 (22) J

1 Numbers in parentheses denote 1 standard deviation.
2 Flat failure at joint plane.
3 Failure partially at joint plane.
4 Failure mostly in base material.
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Fig. 3. Shear strength of multiple joints before and after neutron radiation. (Each
error bar represents the maximum and minimum strength values for the joint.).

Fig. 4. Examples of fracture surfaces or cracking behaviors corresponding to flat
failure at joint (A), partially flat failure at joint (B), and failure in base material (C).
Note that cracks are deflected along the joint line to limited extents in example (C),
which is not always the case for failure in base materials. Specimen diameter at the
joint layer is 5 mm.
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fracture often results in a shattering of the test specimen into small
pieces upon an abrupt release of energy due to the high joint
strength, making examination of the fracture surface challenging.
In such cases, it is extremely difficult to identify the location of
fracture origin, whether it was at the bonding or within the base
material, upon examination of the fractured specimens. Joints of
intermediate strength tend to exhibit the mixed fracture (partial
failure at joint plane) shown in Fig. 4(B). It should be noted that
factors other than the bonding strength, such as residual stress
and difference in elastic modulus, may also influence the failure
type.

After neutron irradiation to 3.0–3.4 dpa at 500 �C, the Ti/CVD
joint showed a shear strength equivalent to that of the unirradiated
specimen, indicating that neutron irradiation had not affected its
strength under these conditions. This joint failed at the joint plane
either entirely or partially in both the unirradiated and irradiated
conditions. The CA/CVD joint retained �81% of its unirradiated
strength after neutron irradiation to 3 dpa at 500 �C and to 5 dpa
at 800 �C. It was not possible to determine whether the observed
changes were statistically significant due to the small specimen
populations. However, while only one-half of CA/CVD specimens
failed entirely at the joint plane before irradiation, all the speci-
mens did so after irradiation at 800 �C. Similarly, the TiSiC/CVD re-
tained �84% of its unirradiated strength after neutron irradiation
to 5 dpa at 800 �C, with a change in failure type from entirely base
material failure to flat failure at the joint plane. While these slight
changes in the average strength and transitions in the failure type
imply the finite effects of irradiation on mechanical properties, no
decisive conclusions may be drawn due to the limited specimen
populations tested, as compared to the required statistics. More-
over, neutron irradiation reportedly increases the toughness of
CVD SiC [77,78], and thus may contribute to altering the crack
deflection criteria at the interfaces.

All the TEP joint specimens apparently failed in the base mate-
rials, regardless of the choice of base material, joining method be-
tween slurry and green tape, or irradiation condition. The failure
observed in the base material denotes that the crack was not de-
flected within the bonding layer or at the bonding interfaces. Shear
strength was not significantly decreased by neutron irradiation in
any of the TEP joints, while it apparently increased in some cases.
This observation indicates that the TEP joint itself did not degrade
in strength, if at all, to an extent that would enable crack propaga-
tion within the bonded material or along its interface with the base
material. The strength of NITE-like monolithic SiC reportedly de-
creased �34% after neutron irradiation to 5.9 dpa at 830 �C [35].
This reported significant strength degradation may be attributed
to the larger amount of sintering additives used for producing
the test specimens in that work, 12 wt% as compared to 6 wt% in
the present work.

However, the very significant increase in apparent shear
strength for the TEPs/CVD after irradiation is considered an arti-
fact: out of four specimens tested under unirradiated conditions,
two specimens failed at �100 MPa and the other two specimens
failed at �200 MPa. It is speculated that the weaker specimens
failed due to non-uniform quality of the TEPs/CVD joints, whereas
the stronger specimens likely represented the true torsion resis-
tance of this joint.
4.2. Microstructures

4.2.1. Titanium diffusion-bonded CVD SiC
Backscattered electron images of the polished cross sections of

the titanium diffusion-bonded CVD SiC specimens are shown in
Fig. 5 before and after neutron irradiation to 3.4 dpa at 500 �C.



Fig. 5. Cross-sectional backscattered electron images of titanium diffusion-bonded CVD SiC in as-joined (A–C) and neutron-irradiated (D, 3.4 dpa at 500 �C) conditions.
Triangular symbols in micrograph (A) indicate locations of the obvious transverse cracks. Arrows in subset (D) show microcracks. Micrographs B and C were taken
approximately from locations shown by rectangles in micrographs A and B, respectively.

Fig. 6. Cross-sectional backscattered electron images of TEP (slurry) SiC-bonded CVD SiC in as-joined (A and C) and neutron-irradiated (B and D, 3.4 dpa at 500 �C) conditions.
Micrographs C and D were taken approximately from locations shown by rectangles in micrographs A and B, respectively.
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The as-joined microstructure indicates a complete conversion of
the metallic titanium filler into a compound layer that consists of
two distinct phases. The bonding layer thickness appeared to be
�27 lm as compared to the original titanium foil insert thickness
of 20 lm. The XRD analysis indicated the presence of Ti5Si3 and Ti3-

SiC2 within the bonding layer. From the backscattered electron
images, the phase interfacing with the base SiC is identified to be
Ti3SiC2 and the phase dominating in near the mid-plane is identi-
fied to be Ti5Si3. This observation is consistent with the schematic
structure reported by Gottselig et al. [30], except that no TiC phase
was identified in the current study.
The bonding layer in the as-joined sample obviously contained
defects. Major cracks were running across the bonding layer at an
average spacing on order of 40–50 lm. Most of these cracks termi-
nated at the interface with the base CVD SiC; however, some of
them appeared to have propagated into the SiC. The driving force
of this transverse cracking is understood to be the thermal stress
resulting from a mismatch in thermal expansion during cooling
from the processing temperature. The coefficient of thermal expan-
sion (CTE) is reported to be �5.9 and �16.9 � 10�6 K�1 (RT to
1000 �C) for Ti5Si3 (a-axis and c-axis, respectively) [79] and �8.6
and �9.75 � 10�6 K�1 (RT to 1400 �C) for Ti3SiC2 (a-axis and c-axis,
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respectively) [80], in contrast to a low value of �4 � 10�6 K�1 (RT
to 1000 �C) for SiC. The differences in CTE to these extents reason-
ably explain the extensive transverse cracking within the titanium
compound layer. Because of these major transverse cracks at a high
density, gas tightness may not be expected in this joint.

Another feature apparent from the micrographs is the porosity
in the Ti3SiC2 along the interface with SiC, as highlighted in
Fig. 5(C). It is possible for TiC to have formed along the interface,
although it was not detected by XRD. However, because no deflec-
tion of the transverse cracks along the interfaces was observed, po-
tential contribution from these micro-pores or possible TiC
formation to the interface mechanical property is probably limited.

The post-irradiation specimen did not exhibit obvious changes
in the main microstructural features discussed above, that is, the
bi-phase bonding layer structure, the transverse cracks, and the
slightly porous interface. However, though quantitative informa-
tion was not obtained in the present work, the width of the trans-
verse cracks seemed to have increased slightly after irradiation.
Crystalline SiC is known to undergo swelling of slightly greater
than 1% during irradiation at 500 �C and saturated by the dose in
this experiment [77]. The swelling behavior of several other ceram-
ics have been studied and known to vary [81–84]; however, no
irradiation-induced swelling data are available for Ti5Si3 and Ti3-

SiC2. In case these titanium compounds undergo less swelling than
SiC, the excess swelling of SiC should cause the crack opening in
the bonding layer to increase. In addition, microcracks were pres-
ent in both Ti3SiC2 and Ti5Si3 phases following irradiation, as
shown in Fig. 5(D). This microcracking may be attributed to the
irradiation-induced anisotropic deformation of hexagonal ceramics
[85]. However, the joint strength remained almost unchanged be-
cause of the extensive transverse cracks that were already present
before irradiation.

4.2.2. TEP slurry-joined CVD SiC and NITE-like SiC
Cross-sectional scanning electron images of the TEPs/CVD sam-

ples are shown in Fig. 6. No difference was apparent in the SEM
microstructures between the TEPs/CVD and the TEPs/NLS joints ex-
cept the NLS substrate involved scattered oxide and slightly higher
porosity, both typical in the NITE-sintered SiC. The bonding layer,
while not remarkably distinguishable from the CVD or NLS SiC sub-
strates due to the stoichiometric SiC-based composition for the
resultant sintered body, measured �80 lm in thickness. This par-
ticular NITE-like TEP process is known to produce fully crystallized
polycrystalline SiC with sub-micron grains of primarily beta-phase
type and a limited amount of yttria-alumina oxides residing
mainly at the multi-grain junctions [86,87]. The CTE of the NLS
SiC is entirely consistent with that for high-purity CVD SiC,
explaining the complete lack of microcracks within or near the
bonding layer in the TEPs/CVD. The lack of process-induced crack-
ing or debond resulted in the high strength of this joint, repre-
sented by the failure in the base material in all torsion tests.
Pores observed in the bonding layer in Fig. 6(A and B), likely result-
ing from an uneven application of the slurry during specimen prep-
aration, did not negatively affect the strength to an unacceptable
extent.

As is common in the NITE-like SiC sintered at relatively low
temperatures [88], the bonding layer consisted of areas with lesser
and greater amounts of the yttria–alumina oxide residue, shown in
darker and brighter contrasts, respectively, in Fig. 6. Interestingly, a
thin oxide layer (typically �1 lm-thick) was often present near the
mid-plane of the bonding layer. Where this oxide layer is present,
oxide in the other areas of the bonding layer tended to have segre-
gated toward the oxide layer. It is speculated that the segregation
of oxide particles toward the surface had occurred within the
painted mixed (SiC and oxide) slurry to form an oxide scale at
the surface during preparation of the joints, resulting in the ob-
served inhomogeneity of microstructure. The fact that the presence
of this oxide layer did not severely limit the joint strength suggests
that the yttria–alumina oxide alone may be used to produce SiC
joints of reasonable strength.

As discussed previously, the remarkable increase in shear
strength of the TEPs/CVD specimens from �150 MPa for unirradi-
ated condition to �250 MPa after irradiation is considered an arti-
fact. However, a slight increase in shear strength after irradiation
may be true because the post-irradiation shear strength measured
appeared consistently higher than the highest strength of the unir-
radiated joints. Irradiation-induced toughening of CVD SiC has
been reported under similar irradiation conditions [77,78]. The ef-
fects of irradiation were not found in microstructures of the bond-
ing layer, the oxide band, or the transition zone to the base
material.

4.2.3. TEP tape-joined CVD SiC and NITE-like SiC
Backscattered scanning electron images of the cross-sectional

samples of the TEP tape-bonded CVD SiC and NITE-like SiC are
shown in Fig. 7. The SiC substrates of both types appeared to be
seamlessly bonded as the TEP process sintered the substrate to-
gether with the SiC-based bonding agent, in the same way as the
slurry-based TEP method. Because of the lack of distinct interfaces
with the substrates, the bonding layer thickness could only be
roughly estimated to be �60 lm, assuming that the band contain-
ing the scattered residue of the oxide sintering additives in the
TEPt/CVD joint corresponded with the bonding layer.

Outstanding microstructural features in the tape-based TEP
joint are apparent in Fig. 7 when compared with the slurry-based
one. First, the bonding layer appears to be sintered to a substan-
tially greater extent than the slurry-based bonding layer, as char-
acterized by the larger SiC crystal grains and the larger and more
distinctive oxide domains, in spite of the lower sintering tempera-
ture and pressure (1850 �C and 10 MPa as compared with 1900 �C
and 20 MPa for the slurry process). Second, substantial porosity
due to pore sizes ranging mostly from sub-micron to �10 lm is
present along the mid-plane in the bonding layer, likely due to
gas evolution from the organic binder that is used to prepare the
tape. Third, the oxide residue appears to have segregated toward
the porous mid-plane. These microstructural features imply that
the sintering process did not take place homogeneously but started
from the original surfaces of the SiC substrates then propagated to-
ward the mid-plane as the sintering additives and the confined gas
segregated with the propagating consolidation front. Another pos-
sible explanation is potential compositional inhomogeneity within
the green tape across its thickness.

The tape-derived TEP joining demonstrated a high shear
strength of >�150 MPa in the as-joined condition. Compared with
the hand-painted slurry-derived joints for the identical substrate,
the green tape joining seems to offer a significantly less speci-
men-to-specimen variation in strength. The lower strength com-
pared with the slurry-derived joints (high-strength populations
for the case of CVD SiC substrate) is likely resulting from the por-
ous bonding layer. Under that assumption, the crack has to initiate
from the porous bonding layer; thus, it is the seamless joint struc-
ture in addition to the decent strength of the bonding layer itself
that made the apparent failure in the base material. No effects of
neutron irradiation on shear strength and the SEM microstructures
are evident.

4.2.4. TEP slurry-joined NITE SiC/SiC
The TEP slurry process produced an intact and robust joint of

NITE SiC/SiC composite, as shown in Fig. 8 and as discussed earlier.
The bonding layer appeared to be 50–60 lm thick, consistent with
the joints of monolithic SiC processed under identical conditions.
Interestingly, the oxide residue in this joint segregated toward



Fig. 7. Cross-sectional backscattered electron image of TEP (tape)–bonded NITE-like SiC (A) and CVD SiC (B–D) in as-joined (A–C) and neutron-irradiated (D, 3 dpa at 500 �C)
conditions. Micrograph C was taken approximately at the location shown by the rectangle in micrograph B.

Fig. 8. Cross-sectional backscattered electron image of TEP slurry-joined NITE SiC/SiC composite before (A) and after (B) irradiation to 3 dpa at 500 �C. The pre-irradiation
micrograph of a specimen was taken after a torsional shear test.
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the interfaces with the composite substrates, unlike in the mono-
lithic joints where distinctive oxide bands were observed near
the mid-plane of the bonding layer. However, because these com-
posite joint samples exhibited a high shear strength approaching
200 MPa, the presence of these oxide-rich interfaces on the
mechanical properties is considered insignificant. Irradiation ef-
fects on microstructures or strength were not obvious.

A close look at Fig. 8 reveals a slight deformation of the Tyran-
no™ SA3 fibers, with their originally round cross sections trans-
forming into slightly polygonal shapes. This is explained by the
rather harsh joining process conditions involving an uni-axial pres-
sure of 20 MPa and a temperature of 1900 �C, which somewhat ex-
ceed both the fiber and the composite processing temperatures.
Therefore, the potential detrimental effects of this joining method
on the composite properties will have to be addressed before it is
used to join the composite materials.

The micrograph in Fig. 8(A) is a fragment of a torsion-tested
specimen near its circumference. The fragment did not undergo
further disintegration despite the extensive cracking shown,
whereas most monolithic materials’ joints shattered into smaller
pieces upon fracture in the base material, demonstrating the
damage tolerance of the composite joint. Since the main crack in
Fig. 8(A) was propagating from the top right corner of the micro-
graph in a downward left direction, as evidenced by the crack
branching morphology, this particular crack had initiated within
the base composite on the top. It is also noted that the crack runs
at an angle of approximately 45�, or perpendicular to the tensile
stress component in the shear-loaded specimen.

4.2.5. CA glass–ceramic-joined CVD SiC
The microstructures of the CA glass–ceramic-joined SiC in the

as-heat-treated condition are shown in Fig. 9(A and B). As well doc-
umented elsewhere [16,74], the CA bonding layer appears to con-
sist of two distinctive phases in the backscattered electron images.
The dominant, equiaxed island-like phase with the brighter con-
trast in backscattered electron images is reportedly a mixture of
3CaO�Al2O3and 12CaO�7Al2O3 [74]. The background matrix phase
with the darker contrast also consists of multiple phases that are
mostly crystalline ceramics and possibly a slight amount of amor-
phous phase, still to be quantified. Detailed transmission electron
microscopy analysis is currently being conducted and will be pub-
lished in a separate communication [89].



Fig. 9. Cross-sectional backscattered electron images of calcia–alumina glass–ceramic-joined CVD-SiC in unirradiated (A and B) and irradiated (C and D, 3 dpa at 500 �C; E and
F, 5 dpa at 800 �C) conditions. Triangular symbols indicate transverse cracks in the bonding layer.

Fig. 10. Cross-sectional backscattered electron image of Ti–Si–C MAX phase-joined CVD-SiC in unirradiated (A and B) and irradiated (C and D, 5 dpa at 800 �C). Arrows in
subset D indicate microcracks.
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The as-heat-treated CA glass–ceramic layer exhibited trans-
verse cracks running across the bonding layer, as shown in
Fig. 9(A) by the triangular symbols, at an average interval of
�100 lm. These transverse cracks are typical of those introduced
due to the CTE mismatch. However, no crack deflection along the
interface with the CVD SiC substrate was observed, indicating rea-
sonable interface toughness.

Following irradiation to 3 dpa at 500 �C, the transverse crack
spacing obviously decreased to 10–20 lm, as shown in Fig. 9(C)
and (D). Some of those cracks appear to be more open than the
cracks observed in the unirradiated joints. The equiaxed appear-
ance of the island phase in a lower atomic number matrix re-
mained unaltered after irradiation. These observations seem to
present an example of joint cracking resulting from the excess
swelling of the substrates as compared to the bonding material.
No interfacial debond was observed. The possible slight decrease
in shear strength after neutron irradiation may thus be attributed
to the increased transverse crack density.

Neutron irradiation at 800 �C to 5 dpa resulted in more substan-
tial modifications in the observed microstructures. The low magni-
fication SEM in Fig. 9(E) clearly presents transverse cracks that are
open wider than in the unirradiated or 500 �C-irradiated joints,
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while the transverse crack density appears lower than after 500 �C
irradiation. The interface between the CA layer and the CVD SiC
substrate appears to be at least partially debonded. Since swelling
of SiC is less at a higher irradiation temperature, the more exten-
sive crack opening at 800 �C than at 500 �C indicates a substantial
irradiation effect on CA glass–ceramic.

The higher magnification backscatter electron (BSE) micrograph
in Fig. 9(F) reveals more microstructural features that are specific
to this high irradiation temperature. The elongated and equiaxed
texture of the island phase has transformed into more roundish
shapes. Moreover, the contrast in BSE images has switched be-
tween the island and the background matrix phases. The trans-
verse cracks appeared to be bridged by the matrix phase, as
shown in Fig. 9(F), implying a certain degree of plasticity of the ma-
trix phase during irradiation at 800 �C. It is surprising to observe
this major microstructural transition in the same joint that re-
tained �80% of the unirradiated shear strength after irradiation
at 800 �C. More detailed examination is necessary to fully charac-
terize the effects of irradiation on the mechanical properties and
microstructures of this joint.

4.2.6. Ti–Si–C MAX phase-joined CVD SiC
Cross-sectional SEM images of the CVD SiC joined together by

the Ti–Si–C MAX phase ceramic are presented in Fig. 10. Both unir-
radiated and irradiated microscopy specimens were prepared from
the shear-tested broken specimens. The bonding layer was approx-
imately 15 lm thick and consisted primarily of a continuum of Ti3-

SiC2 ternary ceramic that embeds SiC second phase in it (blocky or
needle-like inclusions with dark contrast in Fig. 10(B)). The micro-
structures of this bonding material are well documented in Ref.
[55] and reportedly involve small amount of TiC and TiSi2. It is par-
ticularly noteworthy that no transverse cracks or finer microcracks
were found in the bonding layer or at the interfaces during the SEM
examination, despite the substantial mismatch between the SiC
CTE and the orientation-averaged CTE for Ti3SiC2, likely owing to
the decent toughness of this ternary ceramic itself and the effect
of compositing with SiC particles/needles. In fact, a separate work
conducted at ORNL indicates that a near-single-phase Ti3SiC2 joint
of SiC develops microcracks that do not extensively propagate
across the bonding layer [52].

Since all the irradiated torsion specimens exhibited a flat failure
at the joined plane, the microscopy specimen was prepared so that
the two mating fracture surfaces face each other. Because of the
imperfect matching of the two faces, there remained a gap that
was approximately the same height as the bonding layer thickness,
as shown in Fig. 10(C). The crack clearly propagated along the
interface between the bonding layer and the substrate, indicating
a mostly cohesive failure of the joint. However, the interface bond-
ing appeared intact before the forced debond, as evidenced in
Fig. 10(D) where a crack excursion into the CVD SiC substrate is
shown. In the layer of Ti3SiC2, microcracks with frequent deflec-
tions were observed. It was not possible to determine whether or
not these microcracks are located along the grain boundaries. Parts
of the SiC grains that were dispersed in the Ti3SiC2 matrix appeared
to have come loose when exposed at the polished surface after
microcracking within the SiC grains, implying substantial residual
stress and/or the matrix microcracks propagating across the phase
boundaries. However, extensive propagation of those microcracks
was not observed.

4.3. Summary discussion

As discussed above, the effects of neutron irradiation at these
low to intermediate fluence levels on the microstructures of vari-
ous SiC joints ranged from a complete lack of apparent microstruc-
tural modification at the SEM level (TEP joints) to fine
microcracking (titanium diffusion and Ti3SiC2 MAX phase) and en-
hanced lateral cracking accompanied by apparent microstructural
modification (CA glass–ceramic joint in certain irradiation condi-
tions). As expected, the general advantage of SiC-based bonding
material was very clearly demonstrated in terms of irradiation ef-
fects on both strength and microstructural stability.

Despite apparent microstructural modifications in some joints
under certain conditions, irradiation of all the evaluated joints, as
tested by torsion of hourglass specimens, had no significant effect
on shear strength. This result indicates that the shear strength of
these joints is generally not very sensitive to the increased trans-
verse crack density and randomly oriented slight microcracking
within the bonding layer, as long as the interfacial adhesion main-
tains integrity. Morphologically rough interfaces between the base
materials and the bonding layer seem to further desensitize the
joint shear strength to microstructural damages likely through a
mechanical interlocking effect. While this result is encouraging, it
also implies that more comprehensive evaluation may be appropri-
ate to fully characterize the irradiation effects. For example, tensile
strength evaluation in an orientation perpendicular to the joint
face will be able to better detect the adhesive strength change, in
particular when a mechanical interlocking of rough interface is in-
volved. Moreover, for applications in which hermeticity is a
requirement (such as the LWR fuel rod plugging), a direct perme-
ability measurement with a pertinent gas or liquid medium will
be required since the shear strength did not appear sensitive to
the cracks running across the entire bonding layer.

The present study demonstrated that the differential irradiation
strain between the base SiC material and the bonding material im-
poses issues related primarily to hermeticity. As discussed previ-
ously, SiC is known to undergo substantial swelling in which the
saturation level is a function of temperature. No other material
swells in exactly the same way as SiC. Most materials exhibit less
swelling at relatively low fluence levels. Therefore, transverse
cracking during irradiation is inevitable unless a SiC-based bonding
material is used or the bonding material is capable of deforming as
SiC swells (elastically, plastically, including irradiation creep, or
pseudo plastically). Since the CTE of SiC is smaller than many other
materials, the transverse cracks may already be developed during
the joint processing, as demonstrated by the titanium diffusion
bonding described in this study. The openings in these cracks nat-
urally increase when SiC swells more than the bonding material
does. The differential straining through these two mechanisms,
which results in the transverse cracking in flat joints where the
constraint is only two-dimensional, may cause a substantial trans-
verse tensile stress in three-dimensional structures such as the
tube end plugging, possibly leading to a debond failure. This repre-
sents an inherent limitation in evaluating irradiation effects using
a test specimen involving only flat bond plane.

Finally, although the effects of neutron irradiation on SiC-based
structures with several joining technologies were favorably ad-
dressed in the present study, substantial future investigation is re-
quired for specific end applications. In addition to the hermetic
property requirement discussed previously, chemical compatibility
needs to be thoroughly examined as the critical feasibility issue.
Such issues include the oxidation behavior of the joints in a chem-
ically controlled helium flow for gas-cooled nuclear systems, water
dissolution susceptibility for the LWR clad application, and corro-
sion in air and steam in accident scenarios for certain reactor
systems.
5. Conclusions

Various methods of joining were applied to prepare joints of SiC
ceramics and composites for evaluation of torsional shear strength,
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microstructures, and the effects of neutron irradiation at elevated
temperatures. All methods applied produced strong joints with
unirradiated torsional shear strengths �100 MPa or higher. The
main conclusions of this study are summarized below.

(1) Diffusion bonding with titanium active insert resulted in a
CVD SiC joint of reasonable shear strength when a Ti3SiC2/
Ti5Si3 layered microstructure is obtained. The effects of irra-
diation at 500 �C to �3 dpa appeared insignificant.

(2) TEP joining using SiC–Al2O3–Y2O3-based slurry produced
very robust joints of CVD SiC, NITE-like sintered SiC, and
NITE SiC/SiC composite. Joining process-induced damage to
the composite integrity was identified as a potential con-
cern. The effects of irradiation at 500 �C to �3 dpa appeared
insignificant.

(3) TEP joining using a commercial SiC–Al2O3–Y2O3-based green
tape produced robust joints of CVD SiC and NITE-like sin-
tered SiC. The joint strength is likely limited by a porous
microstructure within the joint plane. The effects of irradia-
tion at 500 �C to �3 dpa or at 800 �C to �5 dpa appeared
insignificant or minor.

(4) CaO–Al2O3 glass–ceramic-joined CVD SiC exhibited reason-
able shear strength. The effects of neutron irradiation on
shear strength appeared minor or insignificant. Microstruc-
tural features remain unaltered after irradiation at 500 �C
to �3 dpa, whereas the irradiation at 800 �C induced obser-
vable microstructural evolution.

(5) Ti3SiC2-based joint of CVD SiC exhibited reasonable shear
strength. The effects of neutron irradiation at 800 �C to
�5 dpa on shear strength and microstructures appeared
minor or insignificant. Microcracks were present in the irra-
diated Ti3SiC2 layer.

The irradiation effects on the bonding material itself and the
differential strain between the bonding material and the SiC base
material were identified to have caused the observed irradiation
effects in the joints. General advantages of the SiC-based bonding
materials were confirmed. The need for additional studies, includ-
ing a non-shear mechanical test, a permeability test, and irradia-
tion in an application-relevant constraining condition, was
identified for a full evaluation of the effects of irradiation on SiC-
based structures used in joining technologies.
Acknowledgments

This work was supported by Office of Fusion Energy Sciences,
US Department of Energy under contract DE-AC05-00OR22725
with UT-Battelle, LLC, and US-Japan TITAN Collaboration on Fusion
Blanket Technology and Materials. Research supported in part by
ORNL’s Shared Research Equipment (ShaRE) User Facility and High
Flux Isotope Reactor, which are sponsored by the Office of Basic En-
ergy Sciences, U.S. Department of Energy. The authors are thankful
to K.A. Terrani for providing a technical review of the manuscript
and useful discussion, K. Toyoshima for microscopy, R.A. Meisner
for XRD analysis, and S.M. Curlin, P.S. Tedder, and A.M. Williams
for support in post-irradiation examination.

This manuscript has been authored by the Oak Ridge National
Laboratory, managed by UT-Battelle LLC under Contract No. DE-
AC05-00OR22725 with the US Department of Energy. The US Gov-
ernment retains and the publisher, by accepting the article for pub-
lication, acknowledges that the US Government retains a
nonexclusive, paid-up, irrevocable, worldwide license to publish
or reproduce the published form of this manuscript, or allow oth-
ers to do so, for US Government purposes.
References

[1] R.H. Jones, C.H. Henager Jr., G.W. Hollenberg, J. Nucl. Mater. 191–194 (1992)
75–83.

[2] L.L. Snead, R.H. Jones, A. Kohyama, P. Fenici, J. Nucl. Mater. 233–237 (1996) 26–
36.

[3] L. Giancarli, H. Golfier, S. Nishio, A.R. Raffray, C.P.C. Wong, R. Yamada, Fusion
Eng. Des. 61–62 (2002) 307–318.

[4] A.R. Raffray, L. El-Guevaly, S. Gordeev, S. Malang, E. Mogahed, F. Najmabadi, I.
Sviatoslavsky, D.-K. Sze, M.S. Tillack, X. Wang, A. Team, Fusion Eng. Des. 58–59
(2001) 549–553.

[5] L.A. El-Guebaly, A. Jaber, S. Malang, A.-A. Team, Fusion Sci. Tech. 61 (2012)
321–331.

[6] S. Nishio, S. Ueda, I. Aoki, R. Kurihara, T. Kuroda, H. Miura, T. Kunugi, Y. Seki, T.
Nagashima, M. Ohta, J. Adachi, S. Yamazaki, I. Kawaguchi, T. Hashimoto, K.
Shinya, Y. Murakami, H. Takase, T. Nakamura, Fusion Eng. Des. 41 (1998) 357–
364.

[7] Y. Katoh, L.L. Snead, T.D. Burchell, W.E. Windes, Composite materials for high
temperature reactors: technology development roadmap, in: 5th International
Conference on High Temperature Reactor Technology, Prague, 2010.

[8] S. Sharafat, A. Aoyama, N. Morley, S. Smolentsev, Y. Katoh, B. Williams, N.
Ghoniem, Fusion Sci. Tech. 56 (2009) 883–891.

[9] M. Ferraris, M. Slavo, V. Casalegno, A. Ciampichetti, F. Smeacetto, M. Zucchetti,
J. Nucl. Mater. 375 (2008) 410–415.

[10] M. Ferraris, M. Salvo, V. Casalegno, S. Han, Y. Katoh, H.C. Jung, T. Hinoki, A.
Kohyama, J. Nucl. Mater. 417 (2011) 379–382.

[11] B.V. Cockeram, J. Am. Ceram. Soc. 88 (2005) 1892–1899.
[12] T. Hinoki, N. Eiza, S.J. Son, K. Shimoda, J.K. Lee, A. Kohyama, Ceram. Eng. Sci.

Proc. 26 (2005) 399–405.
[13] W. Lippmann, J. Knorr, R. Wolf, R. Rasper, H. Exner, A.M. Reinecke, M. Nieher, R.

Schreiber, Nucl. Eng. Des. 231 (2004) 151–161.
[14] Y. Katoh, A. Kohyama, T. Nozawa, M. Sato, J. Nucl. Mater. 329 (2004) 587–591.
[15] H.C. Jung, Y.H. Park, J.S. Park, T. Hinoki, A. Kohyama, J. Nucl. Mater. 386–388

(2009) 847–851.
[16] Y. Katoh, M. Kotani, A. Kohyama, M. Montorsi, M. Salvo, M. Ferraris, J. Nucl.

Mater. 283 (2000) 1262–1266.
[17] B. Riccardi, C.A. Mannetti, T. Petrisor, J. Woltersdorf, E. Pippel, S. Libera, L.

Pilloni, J. Nucl. Mater. 329–333 (2004) 562–566.
[18] M. Singh, J. Mater. Sci. Lett. 17 (1998) 459–461.
[19] A. Gasse, F. Saint Antonin, G. Coing Boyat, Specific nonreactive brasic alloys for

SiC–SiC joining, CEA-Grenoble, DEM n.DR 25: 97, in: Commissariat à l’énergie
atomique et aux énergies alternatives, Grenoble, France, 1997.

[20] A.R. Raffray, R. Jones, G. Aiello, M. Billone, L. Giancarli, H. Golfier, A. Hasegawa,
Y. Katoh, A. Kohyama, S. Nishio, B. Riccardi, M.S. Tillack, Fusion Eng. Des. 55
(2001) 55–95.

[21] C.A. Lewinsohn, R.H. Jones, M. Singh, T. Nozawa, M. Kotani, Y. Katoh, A.
Kohyama, Ceram. Eng. Sci. Proc. 22 (2001) 621–626.

[22] M. Singh, Key Eng. Mater. 415 (1999) 164–165.
[23] B.H. Rabin, G.A. Moore, Mater. Res. Soc. Symp. Proc. 314 (1993) 197–203.
[24] C.H. Henager Jr., Y. Shin, Y. Blum, L.A. Giannuzzi, B.W. Kempshall, S.M.

Schwarz, J. Nucl. Mater. 367–370 (2007) 1139–1143.
[25] C.H. Henager Jr., Y. Shin, R.H. Jones, Y. Blum, L.A. Giannuzzi, S.M. Schwarz,

Coating and joining for SiC/SiC composites using preceramic polymers, in: A.
Kohyama, R.H. Jones, B. Riccardi (Eds.), The Sixth IEA International Workshop
on SiC/SiC Ceramic Composites for Fusion Applications, Boston, Massachusetts,
USA, 2004, pp. 46–62.

[26] S. Yajima, K. Okamura, T. Shishido, Y. Hasegawa, T. Matsuzawa, Am. Ceram.
Soc. Bull. 60 (1981) 253.

[27] W.J. Sherwood, C.K. Whitmarsh, J.M. Jacobs, L.V. Interrante, Ceram. Eng. Sci.
Proc. 18 (1997) 177–184.

[28] S. Harrison, H.L. Marcus, Mater. Des. 20 (1999) 147–152.
[29] M.C. Halbig, M. Singh, T.P. Shpargel, J.D. Kiser, Ceram. Eng. Sci. Proc. 27 (2006)

133–143.
[30] B. Gottselig, E. Gyarmati, A. Naoumidis, H. Nickel, J. Eu. Ceram. Soc. 6 (1990)

153–160.
[31] B.V. Cockeram, The diffusion bonding of silicon carbide and boron carbide

using refractory metals, in: Bettis Atomic Power Laboratory, West Mifflin,
Pennsylvania, 1999.

[32] M. Omori, H. Takei, J. Am. Ceram. Soc. 65 (1982) C-92.
[33] S.M. Dong, Y. Katoh, A. Kohyama, J. Am. Ceram. Soc. 86 (2003) 26–32.
[34] Y. Katoh, S.M. Dong, A. Kohyama, Fusion Eng. Des. 61–2 (2002) 723–731.
[35] T. Koyanagi, K. Ozawa, T. Hinoki, K. Shimoda, Y. Katoh. Effects of neutron

irradiation on mechanical properties of silicon carbide composites fabricated
by nano-infiltration and transient eutectic-phase process, J. Nucl. Mater., 448
(2014) 478–486, http://dx.doi.org/10.1016/j.jnucmat.2013.10.005..

[36] M. Ferraris, V. Casalegno, S. Rizzo, M. Salvo, T.O. Van Staveren, J. Matejicek, J.
Nucl. Mater. 429 (2012) 166–172.

[37] M. Ferraris, M. Salvo, S. Rizzo, V. Casalegno, S. Han, A. Ventrella, T. Hinoki, Y.
Katoh, Int. J. Appl. Ceram. Technol. 9 (2012) 786–794.

[38] D.L. Porter, M.R. Pascucci, B.H. Olbert, J. Nucl. Mater. 103 (1981) 767–771.
[39] W.A. Coghlan, F.W. Clinard Jr., J. Nucl. Mater. 179–181 (1991) 391–394.
[40] F. Mailliart, V. Hodaj, N. Eustathopoulos, Mater. Sci. Eng. A 495 (2008) 174–180.
[41] G. Chaumat, B. Drevet, L. Vemier, J. Eu. Ceram. Soc. 17 (1997) 1925–1927.
[42] G. Chaumat, P. Le Gallo, G. Le Marois, F. Moret, P. Deschamp, J. Nucl. Mater.

233–237 (1996) 932–934.

http://refhub.elsevier.com/S0022-3115(13)01141-0/h0005
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0005
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0010
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0010
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0015
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0015
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0020
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0020
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0020
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0025
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0025
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0030
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0030
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0030
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0030
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0395
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0395
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0035
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0035
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0040
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0040
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0045
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0050
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0050
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0055
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0055
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0060
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0065
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0065
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0070
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0070
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0075
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0075
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0080
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0085
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0085
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0085
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0090
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0090
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0095
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0100
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0105
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0105
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0115
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0115
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0120
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0120
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0125
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0130
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0130
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0135
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0135
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0400
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0145
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0150
http://dx.doi.org/10.1016/j.jnucmat.2013.10.005
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0155
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0155
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0160
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0160
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0165
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0170
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0175
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0180
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0185
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0185


Y. Katoh et al. / Journal of Nuclear Materials 448 (2014) 497–511 511
[43] F. Moret, P. Sire, A. Gasse, Brazing of SiC and SiC based materials using the
BraSiC process chemical and thermal applications, in: International
Conference on Joining of Advanced Materials, Rosemont, 1998.

[44] J.C. Corelli, J. Hoole, J. Lazzaro, C.W. Lee, J. Am. Ceram. Soc. 66 (1983) 529–537.
[45] R.B. Matthews, J. Nucl. Mater. 51 (1974) 203–208.
[46] R.A. Matheny, J.C. Corelli, J. Nucl. Mater. 83 (1979) 313–321.
[47] E.D. Herderick, K. Cooper, N. Ames, Adv. Mater. Proc. 170 (2012) 24–27.
[48] S. Suyama, Y. Itoh, A. Kohyama, Y. Katoh, J. Ceram. Soc. Japan 109 (2001) 315–

321.
[49] Y. Katoh, H. Kishimoto, A. Kohyama, J. Nucl. Mater. 307 (2002) 1221–1226.
[50] E. Lell, N.J. Kreidl, J.R. Hensler, Radiation effects in quartz, silica and glasses, in:

J.E. Burke (Ed.), Progress in Ceramic Science, Pergamon Press, 1966, pp. 1–87.
[51] M. Barsoum, T. El-Raghy, Am. Sci. 89 (2001) 334–337.
[52] T. Cheng, J.O. Kiggans, Y. Katoh, L.L. Snead, Process development and

optimization for silicon carbide joining and irradiation studies, Fusion
Materials, DOE/ER-0313/53, 2013, 42-54.

[53] H. Dong, W. Han, S. Li, Mater. Sci. Forum 475–479 (2005) 1255–1258.
[54] R. Radhakrishnan, C.H. Henager, J.L. Brimhall, S.B. Bhaduri, Script. Mater. 34

(1996) 1809–1814.
[55] C.H. Henagar Jr., R.J. Kurtz, J. Nucl. Mater. 417 (2011) 375–378.
[56] G.W. Hollenberg, C.H. Henager Jr., G.E. Youngblood, D.J. Trimble, S.A.

Simonson, G.A. Newsome, E. Lewis, J. Nucl. Mater. 219 (1995) 70–86.
[57] P. Colombo, B. Riccardi, A. Donato, G. Scarinci, J. Nucl. Mater. 278 (2000) 127–

135.
[58] J.C. Nappé, I. Monnet, P. Grosseau, F. Audubert, B. Guilhot, M. Beauvy, M.

Benabdesselam, L. Thomé, J. Nucl. Mater. 409 (2011) 53–61.
[59] L. Zhang, Q. Qi, L.Q. Shi, D.J. O’Connor, B.V. King, E.H. Kisi, D.K. Venkatachalam,

Appl. Surface Sci. 258 (2012) 6281–6287.
[60] C.A. Lewinsohn, P. Colombo, I. Reimanis, O. Unal, J. Am. Ceram. Soc. 84 (2001)

2240–2244.
[61] C.A. Lewinsohn, R.H. Jones, P. Colombo, B. Riccardi, J. Nucl. Mater. 307–311

(2002) 1232–1236.
[62] H.-J. Kleebe, Y.D. Blum, J. Eu. Ceram. Soc. 28 (2008) 1037–1042.
[63] Y.D. Blum, D.B. MacQueen, H.-J. Kleebe, J. Eu. Ceram. Soc. 25 (2005) 143–149.
[64] S. Modena, G.D. Soraru, Y. Blum, R. Raj, J. Am. Ceram. Soc. 88 (2005) 339–345.
[65] L.L. Snead, M.C. Osborne, K.L. More, J. Mater. Res. 10 (1995) 736–747.
[66] L.V. Interrante, C.W. Whitmarsh, W. Sherwood, H.-J. We, R.S. Lewis, G. Maciel,

Mater. Res. Soc. Symp. – Proc. 346 (1994) 593–603.
[67] M. Kotani, T. Inoue, A. Kohyama, Y. Katoh, K. Okamura, Mater. Sci. Eng. A –

Struct. Mater. Prop. Microstruct. Process. 357 (2003) 376–385.
[68] Y. Katoh, M. Kotani, H. Kishimoto, W. Yang, A. Kohyama, J. Nucl. Mater. 289
(2001) 42–47.

[69] M.C. Halbig, M. Singh, H. Tsuda, Int. J. Appl. Ceram. Technol. 9 (2012) 677–687.
[70] L.M. Nguyen, O. Gillia, E. Riviere, D. Leguillon, Ceram. Eng. Sci. Proc. 31 (2010)

107–118.
[71] M. Singh, E. Lara-Curzio, J. Eng. Gas Turbines Power 123 (2001) 288–292.
[72] B. Riccardi, M. Sacchetti, C.A. Nannetti, J. Woltersdorf, E. Pippel, T. Petrisor,

Progress in low activation brazing for SiCf/SiC ceramic matrix composites, in:
R.H. Jones, B. Riccardi, A. Kohyama (Eds.), Fifth International Energy Agency
Workshop on SiC/SiC Ceramic Composites for Fusion Energy Application, San
Diego, California, 2002, pp. 65–68.

[73] A. Donato, P. Colombo, M.O. Abadirashid, Ceram. Trans. 57 (1995) 431–436.
[74] M. Ferraris, M. Salvo, C. Isola, M. Appendino Montorsi, A. Kohyama, J. Nucl.

Mater. 258–263 (1998) 1546–1550.
[75] M. Ferraris, M. Salvo, V. Casalegno, A. Ventrella, M. Avalle, Int. J. Appl. Ceram.

Technol. 9 (2012) 795–807.
[76] H.C. Jung, T. Hinoki, Y. Katoh, A. Kohyama, J. Nucl. Mater. 417 (2011) 383–386.
[77] L.L. Snead, T. Nozawa, Y. Katoh, T.S. Byun, S. Kondo, D.A. Petti, J. Nucl. Mater.

371 (2007) 329–377.
[78] Y. Katoh, L.L. Snead, J. ASTM. Int. 2 (2005). 12377-12371-12313.
[79] J.J. Williams, M.J. Kramer, M. Akinc, J. Mater. Res. 15 (2000) 1780–1785.
[80] S.B. Li, J.X. Xie, L.T. Zhang, L.F. Cheng, Mater. Sci. Technol. 21 (2005) 1054–

1058.
[81] C. Kinoshita, S.J. Zinkle, J. Nucl. Mater. 233–237 (1996) 100–110.
[82] T. Yano, M. Akiyoshi, K. Ichikawa, Y. Tachi, T. Iseki, J. Nucl. Mater. 289 (2001)

102–109.
[83] T. Yano, K. Ichikawa, M. Akiyoshi, Y. Tachi, J. Nucl. Mater. 283–287 (2000) 947–

951.
[84] L.L. Snead, Y. Katoh, S. Kondo, J. Nucl. Mater. 399 (2010) 200–207.
[85] T. Yano, K. Inokuchi, M. Shikama, J. Ukai, S. Onose, T. Maruyama, J. Nucl. Mater.

329–333 (2004) 1471–1475.
[86] T. Koyanagi, S. Kondo, T. Hinoki, Ceram. Eng. Sci. Proc. 32 (2011) 53–62.
[87] K.A. Terrani, J.O. Kiggans, Y. Katoh, K. Shimoda, F.C. Montgomery, B.L.

Armstrong, C.M. Parish, T. Hinoki, J.D. Hunn, L.L. Snead, J. Nucl. Mater. 426
(2012) 268–276.

[88] S.M. Dong, Y. Katoh, A. Kohyama, J. Eu. Ceram. Soc. 23 (2003) 1223–1231.
[89] M. Ferraris, M. Salvo, V. Caselegno, S. Rizzo, A. Czyrska-Filemonowicz, T.

Moskalewicz and Y. Katoh, Microstructure and properties of a CaO-Al2O3

glass-ceramic for pressure-less joining of SiC based components, J. Eu. Ceram.
Soc., submitted for publication.

http://refhub.elsevier.com/S0022-3115(13)01141-0/h0190
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0195
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0200
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0205
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0210
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0210
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0215
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0405
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0405
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0405
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0220
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0225
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0230
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0230
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0235
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0240
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0240
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0245
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0245
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0250
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0250
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0255
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0255
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0260
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0260
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0265
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0265
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0270
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0275
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0280
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0285
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0290
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0290
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0295
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0295
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0300
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0300
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0305
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0310
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0310
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0315
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0325
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0330
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0330
http://refhub.elsevier.com/S0022-3115(13)01141-0/h9000
http://refhub.elsevier.com/S0022-3115(13)01141-0/h9000
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0335
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0340
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0340
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0410
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0345
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0350
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0350
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0355
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0360
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0360
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0365
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0365
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0370
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0375
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0375
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0380
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0385
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0385
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0385
http://refhub.elsevier.com/S0022-3115(13)01141-0/h0390


Journal of Nuclear Materials 448 (2014) 512–519
Contents lists available at ScienceDirect

Journal of Nuclear Materials

journal homepage: www.elsevier .com/locate / jnucmat
The effect of fuel thermal conductivity on the behavior of LWR cores
during loss-of-coolant accidents q
0022-3115/$ - see front matter � 2013 Elsevier B.V. All rights reserved.
http://dx.doi.org/10.1016/j.jnucmat.2013.09.051

q The United States Government retains, and by accepting the article for
publication, the publisher acknowledges that the United States Government
retains, a nonexclusive, paid-up, irrevocable, worldwide license to publish or
reproduce the published form of this work, or allow others to do so, for United
States Government purposes.
⇑ Corresponding author. Tel.: +1 865576 0264.

E-mail address: terranika@ornl.gov (K.A. Terrani).
Kurt A. Terrani a,⇑, Dean Wang a, Larry J. Ott a, Robert O. Montgomery b

a Oak Ridge National Laboratory, Oak Ridge, TN 37831, USA
b Pacific Northwest National Laboratory, Richland, WA 99354, USA

a r t i c l e i n f o
Article history:
Available online 5 October 2013
a b s t r a c t

The effect of variation in thermal conductivity of light water reactor fuel elements on core response dur-
ing loss-of-coolant accident scenarios is examined. Initially, a simplified numerical analysis is utilized to
determine the time scales associated with dissipation of stored energy from the fuel into the coolant once
the fission reaction is stopped. The analysis is then followed by full reactor system thermal–hydraulics
analysis of a typical boiling and pressurized water reactor subjected to a large break loss-of-coolant acci-
dent scenario using the TRACE code. Accordingly, sensitivity analyses to examine the effect of an increase
in fuel thermal conductivity, up to 500%, on fuel temperature evolution during these transients are per-
formed. Given the major differences in thermal–hydraulics design aspects of boiling and pressurized
water reactors, different fuel and temperature responses during the simulated loss-of-coolant transients
are observed.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

A light water reactor (LWR) core is comprised of hundreds of
fuel assemblies consisting of a two-dimensional array of rods
roughly 4 m in length. In the vast majority of commercial reactors,
the fuel rods contain urania fuel pellets inside a zirconium alloy
tube [1,2]. Under normal operation, the fission heat generated
inside urania is transported within the oxide pellet, across the
fuel-cladding gap and the zirconium alloy cladding, and subse-
quently to the flowing water that acts as the coolant as well as
the moderator. Total power output of the reactor is proportional
to the power generated in the fuel, which could be limited by a
number of design constraints pertaining to steady-state and
transient operating conditions [3–6]. Briefly, for steady-state
conditions, design constraints aim to limit damage to the fuel rod
by limiting the maximum heat flux from the cladding to the
coolant, fuel centerline temperature, and the extent of vibration
and wear. An increase in fuel power beyond the critical heat flux
(design limit) results in departure from nucleate boiling (DNB) in
pressurized water reactors (PWRs) or dryout conditions in boiling
water reactors (BWRs). Under transient conditions, the design
limits are put in place to limit core damage and maintain a
controllable and coolable geometry in the core under design-ba-
sis-accident (DBA) scenarios [7]. For a loss-of-coolant accident
(LOCA), the design criteria limits the peak cladding temperature
to below 1204 �C [8] as well as the maximum thickness of the clad-
ding converted to oxide as a result of reaction with steam [9]. For a
reactivity insertion accident scenario, the maximum energy depos-
ited in the fuel is limited to avoid fuel rod failure due to excessive
heat flux or pellet cladding mechanical interaction [7,10]. During
the fuel design and evaluation process, all these design constraints
are considered, additional margins for uncertainties are included,
and the most limiting condition sets the maximum power rating
of the fuel, and thereby the core.

Thermal conductivity of the urania determines the temperature
gradient and controls heat transfer across the urania pellet in LWR
fuel. Its magnitude is of interest since it impacts, while in turn
being affected by, thermal–hydraulic and neutronic phenomena
that govern reactor operation. By affecting the temperature profile,
thermal conductivity influences the mechanical and thermody-
namic state of the fuel pellet as well as the kinetic phenomena that
govern its evolution in the irradiation environment [11,12]. Design
requirements limit the maximum fuel centerline temperature to
avoid excessive fission gas release under normal operating condi-
tions and incipient melting under transient scenarios. An increase
in the fuel thermal conductivity (and/or a reduction in the fuel
pellet diameter) will reduce the peak fuel temperature at constant
assembly power. Fuel bundle geometries in both PWRs and BWRs
have evolved over the past 50 years to contain a larger number of
rods with smaller diameters. As a result, significant margin in peak
fuel pellet temperature exists that renders it largely irrelevant as a
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potentially limiting condition under steady-state conditions. Under
steady-state conditions, the thermal–hydraulic design is typically
constrained by the maximum pressure drop across the fuel bun-
dles that governs the coolant flow rate and enables the highest
harvestable heat flux while maintaining hydrodynamic stability
for these structures. Fuel temperature can be limiting under certain
anticipated transients without scram (ATWS) scenarios where
incipient melting at the centerline is not allowed by the regulator.
Therefore, increased fuel conductivity has clear benefits for ATWS
scenarios and would be beneficial in flattening the fuel tempera-
ture profile and further minimizing fission gas release under stea-
dy-state operating conditions, but it generally would not impact
normal regulatory operating constraints for current fuel assembly
geometries.

In addition to these benefits for increased fuel thermal conduc-
tivity, an important question is whether higher fuel thermal con-
ductivity can provide enhanced accident tolerance during design
basis and beyond design basis accident (DBA and BDBA) loss of
coolant scenarios. The code scaling, applicability, and uncertainty
(CSAU) evaluation methodology initiated in 1970s has been used
to deliver a number of studies that identify and rank the most
important factors contributing to core response during design basis
large break (LB) LOCAs [13]. Much of the studies carried out based
on CSAU methodology were specific to PWRs, and the stored
energy in the fuel has been considered to be an important param-
eter in determining the fate of the reactor under LBLOCAs [14]. The
stored energy in the fuel is inversely proportional to the fuel ther-
mal conductivity. The purpose of this paper is to examine the effect
of stored energy in the fuel (directly related to the temperature
gradient across urania pellets) on the thermal hydraulic response
of the core for BWRs and PWRs separately during a design basis
LBLOCA scenario. As will be discussed in detail in later sections, a
LBLOCA is considered the case under which core response is most
sensitive to the initial stored energy in the fuel. Therefore, under-
standing core response sensitivity to the magnitude of fuel thermal
conductivity under a LBLOCA will enable one to conjecture about
the sensitivity of core response to this parameter during other
possible scenarios extending beyond the design basis limit. Under-
standing these effects will in turn inform and guide researchers to
focus on productive areas of research and development for
accident-tolerant fuel concepts and enhancement of core safety
margins.

The magnitude and the rate of dissipation of stored energy from
the fuel are initially examined using a simple numerical model that
solves the one-dimensional transient heat conduction equation in
a PWR fuel rod subjected to a scram without any loss of cooling.
Subsequently the effect of enhanced fuel thermal conductivity on
fuel temperature evolution during a LBLOCA is examined for BWRs
and PWRs separately. The TRACE code [15] is utilized to perform
full-core simulations with fuel thermal conductivity at nominal
and arbitrarily increased values. In this manner, the effect of ther-
mal conductivity on the fuel temperature rise during this transient
is analyzed and compared within the two reactor platforms.
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Fig. 1. Burnup- and temperature-dependent thermal conductivity of urania [23].
2. Methodology

2.1. One-dimensional transient heat conduction for a PWR rod
subjected to scram

The evolution in temperature distribution across the radial
position (r) of a cylindrical fuel pellet can be determined from
the transient heat conduction equation:

@

@t
ðqCpTÞ ¼ 1

r
@

@r
rk
@T
@r

� �
þ Q ; ð1Þ
where q, Cp, and k are the density, heat capacity, and thermal con-
ductivity of the fuel, respectively. Note that the temperature depen-
dence of all these parameters needs to be accounted for by taking
into account their radial dependence. Thermal conductivity of ura-
nium dioxide fuel has been examined extensively [16] through a
series of out-of-pile [17–20] and in-pile [21–24] experiments to
determine its dependence on fuel temperature and burnup. For pur-
poses of this analysis, the correlation for thermal conductivity from
Wiesenack et al. [23] is used:

k ¼ 1

0:1148þ 0:0035bþ 2:475� 10�4 � 8� 10�4b
� �

T
½W=m K�;

ð2Þ

where b is the fuel burnup in MWd/kg-UO2 and T is temperature in
�C (Fig. 1). Note that the thermal conductivity values determined
from Eq. (2) are based on in-pile measurements that capture the
overall effect of various processes affecting thermal transport across
the fuel pellet. These processes include thermal conductivity degra-
dation due to pellet cracking, soluble fission products, and gas-filled
porosity as well as thermal conductivity enhancement due to
metallic second phase and high-burnup structures (HBS) in the out-
er rim region of the fuel [25]. The temperature-dependent heat
capacity for the UO2 fuel was extracted from MATPRO correlations
[26]. Q is the volumetric heat generation rate in the fuel pellet. Its
value is constant as a function of time under steady-state operation
and drops exponentially upon initiation of scram. The decay heat
generation term was approximated using [27]

Qdecay ¼ 9:5� 10�2Q oðtÞ�0:26
; ð3Þ

where t designates the time in s after scram and Qo is the volumetric
heat generation rate under normal operating conditions. Note the
implicit assumption here that Q is constant within the fuel pellet
for the sake of simplicity (i.e., radial and azimuthal variations in fis-
sion density are ignored). To solve Eq. (1), boundary conditions at
the fuel pellet centerline and surface need to be specified. The for-
mer is essentially a zero flux Neumann boundary condition, while
the latter corresponds to the heat flux away from the pellet. The cir-
cumferentially integrated heat flux away from the pellet is equal to
the circumferentially integrated heat flux into the gap, cladding,
and coolant. The temperature drop from the fuel pellet surface to
the bulk coolant flowing between the fuel rods can be estimated
using

TRf
� T1 ¼

1
h

JRf
; ð4Þ
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where subscripts Rf and 1 designate fuel pellet radius and bulk
coolant, respectively, J is the heat flux, and h is the effective conduc-
tance term from the pellet surface to the bulk coolant. Given the
nature of the heat transport processes in the cylindrical coordinates,
h is defined as the inverse of the sum of thermal resistances:

1
h
¼ Rf

In 1þ dgab

Rf

� �
kgap

þ ðRf þ dgabÞ
In 1þ dclad

Rfþdgap

� �
kclad

þ 1
hhyd

; ð5Þ

where d designates the thickness of the gap or cladding and hhyd is
the heat transfer coefficient from the cladding to the coolant. The
terms on the right-hand side of Eq. (5) represent the thermal resis-
tance across the fuel-pellet gap, cladding, and hydraulic boundary
layer, respectively. hhyd varies significantly as the temperature gra-
dient (heat flux) from the cladding surface to the coolant varies and
as flow conditions alter [3]. In this particular analysis, the inherent
assumption is that no loss of fuel rod cooling takes place after scram
is initiated and the pumps continue to maintain coolant flow across
the fuel bundles. Although the heat transfer mode and therefore
heat transfer coefficient change as the rod power decreases, a
constant value for hhyd is assumed in this analysis for the sake of
simplicity. This scenario where forced convective cooling by flowing
water remains in place differs from a LBLOCA scenario where hhyd

can drop by up to four orders of magnitude [28] due to a significant
loss in core flow.

The constant physical properties and linear heat rate (LHR) of
the rod along with geometrical parameters used for this analysis
are listed in Table 1. The rod geometry for this analysis was desig-
nated to be that of PWR 17 � 17 fuel bundle [29]. A constant value
of pellet-cladding gap has been maintained during the fuel burnup
that artificially increases fuel temperature at higher burnups.
Under actual in-pile conditions, cladding creepdown and pellet
swelling reduce the gap where complete closure occurs at
�40MWd/kgU. Given the boundary conditions defined earlier, Eq.
(1) is discretized and solved using a semi-implicit Crank–Nicolson
scheme [30]. Radially variable thermal conductivity and heat
capacity are updated at each time step to incorporate the effect
of an evolving temperature profile. The spatial and temporal mesh
was set at 2.7 lm and 3 ms intervals, respectively. The details of
the discretization and solution methodology are similar to the
approach taken in a prior publication and are therefore omitted
here [31].

2.2. LBLOCA analysis using TRACE

TRAC/RELAP Advanced Computational Engine (TRACE) code is
the latest reactor systems code developed by the U.S. Nuclear
Regulatory Commission for performing best-estimate analyses of
LOCAs, operational transients, and other accident scenarios in
PWRs and BWRs [15]. In this study, it was used to perform sensi-
tivity analysis of core response to fuel thermal conductivity during
a LBLOCA in typical BWR and PWR designs. Basic details of the
analysis input for BWR and PWR cases are described below, while
Table 1
Physical properties and geometry used for one-dimen-
sional transient heat conduction analysis.

Parameter Value Units

qUO2 10.47 g/cm3

kgap 0.5 w/m K
kclad 18 W/m K
LHR 200 W/cm
hhyd 2 W/cm2 K
Rf 4.10 mm
dgap 50 lm
dclad 575 lm
useful background information on basic reactor design and safety
systems can be found in U.S. NRC’s reactor concepts manuals.

2.2.1. BWR analysis input
A typical General Electric BWR4 plant with a Mark-I contain-

ment loaded with GE14 bundles [29] (Table 2) was examined
during this analysis. The TRACE model includes all of the major
flow paths and system components to perform large and small
break LOCA simulations. Both recirculation loops are modeled
explicitly. The reactor pressure vessel (RPV) is modeled using the
TRACE VESSEL component with axial levels, radial rings, and
azimuthal sectors representing the downcomer, lower plenum,
core, upper plenum, and upper head regions. The GE14 fuel bun-
dles are modeled using TRACE CHAN components. Also modeled
are the drywell and suppression chamber components with a CON-
TAN component. The steam lines are modeled out to the turbine
control valve. The feedwater system is modeled with a FILL compo-
nent set up to control the feedwater flow rate to maintain the
desired downcomer level in the RPV. The emergency core cooling
systems (ECCS) are also modeled using FILL components and
include the high- and low-pressure coolant injection systems
(HPCI and LPCI) as well as low-pressure core sprays (LPCS). More
detailed description of the analysis framework is provided else-
where [32].

A double-ended guillotine recirculation suction line break
(0.36 m2) is assumed to mark the onset of transient and time zero,
as shown in Fig. 2. The two recirculation pumps are tripped and the
reactor is scrammed at the same time. Only two LPCIs are assumed
to be available. High-pressure core sprays (HPCS) and LPCS, as well
as the automatic depressurization system (ADS), are all assumed to
be unavailable. LPCI injection is actuated as designed starting at
91 s after the break.

2.2.2. PWR analysis input
A typical 4-loop Westinghouse design PWR loaded with Wes-

tinghouse 17 � 17 fuel assemblies (Table 2) was employed for this
study. The PWR TRACE input file models all of the major flow paths
in the system needed to perform large and small break LOCA and
SGTR simulations. All four recirculation loops are modeled explic-
itly. The reactor pressure vessel is modeled using the TRACE VES-
SEL component with 26 axial levels, four radial rings and eight
azimuthal sectors. The core region is located in Level-5 to Level-
18 of Ring-1 and Ring-2, and all levels have the same axial lengths
of 0.261257 m. Ring 3 includes the barrel-baffle bypass region,
while Ring 4 includes the downcomer. Among all four reactor cool-
ant system (RCS) primary recirculation loops, the RCS Loop 1 mod-
el represents the broken primary loop (Fig. 3). As such, it has
modeling features that allow simulating the side breaks in the loop
cold leg. The RCS Loop 2 model includes the model of the reactor
pressurizer vessel and the surge line that connects the pressurizer
to the hot leg of this loop. The TRACE models for the remaining two
recirculation loops, Loop 3 and Loop 4, exhibit identical features.

A LBLOCA was simulated using the TRACE steady-state input
model of the PWR. The LBLOCA was a double-ended guillotine
break in cold leg 1. For this event, it was assumed that all ECCS
Table 2
Fuel bundle geometry used for BWR and PWR LBLOCA analysis.

Parameter BWR PWR Units

Rf 4.38 4.10 mm
dgap 89 83 lm
dclad 660 572 lm
Rod pitch 12.95 12.60 mm
Active fuel length 3.81 3.66 m
Active fuel length (part-length rods) 2.44 N/A m
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Fig. 2. Schematic drawing of BWR core subjected to LBLOCA (modified image after
U.S. NRC).

0.0 0.5 1.0 1.5 2.0 2.5 3.0 3.5 4.0

0

50

100

150

200

250

300

350

400

450

500

BWR

PWR

L
H

R
[W

/c
m

]

Axial Length [m]

Fig. 4. Linear power profile for the hottest rod under normal operating conditions
in the simulated BWR and PWR cores prior to LBLOCA simulation.

K.A. Terrani et al. / Journal of Nuclear Materials 448 (2014) 512–519 515
systems were available in the TRACE simulation. The large break is
assumed to be located between the ECCS injection line and the
RPV. A break area of 80% of the full cold leg pipe flow area is used.
Double-ended cold leg break, reactor coolant pump (RCP) trip, and
reactor/turbine trip are all assumed to initiate at time 0. The safety
injection actuation signal (SIAS) is delivered 6 s later, and accumu-
lator injection (intact loops) begins after 13 s. ECCS pumped flow is
initiated at 36 s.

The results reported in the next section are for the hottest rod in
the core with an axial LHR distribution as shown in Fig. 4 for the
BWR and PWR platforms separately. Taking into account all the
pertinent conduction, convection, and radiation heat transfer phe-
nomena, the code reports global maxima for fuel centerline and
cladding temperatures in the results section.
Fig. 3. Schematic drawings of intact and broken loops in a PWR
3. Results

3.1. Magnitude and rate of dissipation of stored energy in a PWR pin
after scram

Given the methodology outlined in Section 2.1, the evolving
temperature profile in a PWR fuel pellet before and after core
scram is shown in Fig. 5 for two different fuel burnups. In this anal-
ysis, no loss of cooling capability takes place and the bulk coolant
temperature is kept constant at 300 �C along with the cladding-to-
coolant heat transfer coefficient at 2 W/cm2 K for simplicity. As
shown in the figure, the temperature profile in the fuel rapidly flat-
tens and the stored heat is almost completely dispensed into the
coolant after 15 s. The small temperature gradient remaining
across the fuel pellet after an extended period is due to the small
amount of decay heat that is being generated in the fuel volume
given by Eq. (3).

The magnitude of stored energy in the fuel can be estimated as
the difference in heat content of the fuel under normal operating
conditions compared to long periods after initiation of scram.
core subjected to LBLOCA (modified image after U.S. NRC).
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The linear heat content in the cylindrical pellet, H, can be
determined as follows:

H ¼ 2p
Z R

0
rqCpT dr � Href ; ð6Þ

where Href is the linear heat content at any reference temperature.
Radial distribution of temperature and heat capacity under any
operating condition (e.g., steady-state operation, transient condi-
tions after scram initiation) are input into Eq. (6), which is then
integrated numerically. The extent of stored energy in the fuel that
is released into the coolant is estimated as the difference in heat
content under normal operating conditions and 100 s after scram
is initiated. Fig. 6 shows the magnitude of stored energy in the fuel
as a function of the fuel burnup. These values are subject to the rod
operating power and consistent with similar values reported
elsewhere [33]. Since the thermal conductivity in the fuel decreases
as burnup increases (Fig. 1) and therefore the fuel interior temper-
ature increases, the magnitude of stored energy in the fuel increases
with burnup for a constant linear power. Using the estimate for
decay heat generation in the fuel provided by Eq. (3), one can per-
form time integration to estimate the cumulative heat generation
due to decay of radioisotopes present in the fuel. Fig. 7 shows the
magnitude of this parameter as a function of time after scram. By
comparing Figs. 6 and 7, it becomes apparent that the linear heat
content released from the stored energy in fuel is on the order of
the cumulative decay heat generated after 100 s. At longer times
the former becomes a negligible fraction of heat deposited in the
core.

3.2. LBLOCA simulation of nominal and enhanced thermal conductivity
fuels

3.2.1. BWR LBLOCA
Fig. 8 shows the fuel centerline and peak cladding temperature

(FCT and PCT) for the hottest rod in the GE BWR-4 (Mark I contain-
ment) LBLOCA simulation with nominal and enhanced fuel thermal
conductivity. The radial fuel temperature profile flattens rapidly for
all three cases upon initiation of the scram. After only 15 s past the
scram the FCT and PCT are essentially identical for all cases with
only a negligible difference between the fuels with nominal and
enhanced thermal conductivity. At any time after the onset of
the break/scram, the PCT for fuel with nominal thermal conductiv-
ity is nearly identical with that of the fuel with enhanced (up to
500%) thermal conductivity. The LPCI that is actuated at 91 s after
scram eventually results in core quench at about 170 s with only
minor differences due to fuel thermal conductivity. Note that while
the increase in fuel thermal conductivity significantly alters the
temperature profile across the pellet during normal operation, it



-50 0 50 100 150 200 250

0

100

200

300

400

500

600

P
e
a
k

C
la

d
d
in

g
T

e
m

p
e
ra

tu
re

[°
C

]

Time [s]

Onset of break/scram

Normal

operation

0

200

400

600

800

1000

1200

Normal

operation

F
u
e
l
C

e
n
te

rl
in

e
T

e
m

p
e
ra

tu
re

[°
C

]

Nominal k
k × 2
k × 5

Fig. 8. FCT and PCT evolution of the hottest rod during a simulated LBLOCA in
typical BWR-4 loaded with fuel at nominal and enhanced thermal conductivity.

-50 0 50 100 150 200 250

0

100

200

300

400

500

600

700

800

900

1000

P
e
a
k

C
la

d
d
in

g
T

e
m

p
e
ra

tu
re

[°
C

]

Time [s]

Normal

operation

200

400

600

800

1000

1200

1400

1600

1800

F
u
e
l
C

e
n
te

rl
in

e
T

e
m

p
e
ra

tu
re

[°
C

] Nominal k
k × 2
k × 5

Onset of break/scram

Normal

operation

Fig. 9. FCT and PCT evolution of the hottest rod during a simulated LBLOCA in
typical 4-loop PWR loaded with fuel at nominal and enhanced thermal
conductivity.

K.A. Terrani et al. / Journal of Nuclear Materials 448 (2014) 512–519 517
has no discernible effect on the fuel and cladding temperature
under this LBLOCA scenario.

The explanation for lack of any notable difference in PCT evolu-
tion among these three cases is inherent to the thermal–hydraulics
of the BWR. Although pumps trip at the onset of the break, the
pumping action coasts down slowly and the flow down the jet
pumps continues to inject water upwards into the core. The water
moves upward within the fuel bundles, undergoes phase change as
under nominal operating conditions, and removes the heat gener-
ated inside the fuel rods. As shown in the figure, this cooling action
continues for roughly 30 s where the stored energy in the fuel is
removed (FCT for the various cases is nearly identical) and the
PCT for all cases drops. Once the stored energy from the fuel is
removed, the rod responses are identical among all the examined
cases since the decay heat solely depends on the power history.
3.2.2. PWR LBLOCA
Fig. 9 shows the FCT and PCT for the hottest rod in the 4-loop

PWR during the LBLOCA simulation with nominal and enhanced
fuel thermal conductivity. A notable difference in the magnitude
of FCT and PCT during the course accident is apparent for various
cases. An increase in fuel thermal conductivity by 200% and 500%
reduces PCT by 56 �C and 92 �C, respectively; also, the increase in
fuel thermal conductivity results in faster quench times [for nom-
inal, 200% and 500%: the quench times are 213 s, 194 s, and 177 s,
respectively (from Fig. 9)]. The magnitude of this change normal-
ized against the thermal resistance of the fuel (directly propor-
tional to the stored energy) is consistent with earlier analyses
focused on parameter uncertainty [33]. This contrast in fuel
temperature response between BWR and PWR fuel rods can be ex-
plained by the disparity in the thermal–hydraulic design and re-
sponse of the core during the LBLOCA and is discussed in the
next section.

In the PWR, upon the break opening in the cold leg, the large
pressure difference between the RCS and the containment forces
coolant water rapidly out of the broken cold leg. Accordingly, al-
most no cooling of the rod after scram that could result in removal
of stored energy is experienced. Initially, subcooled water is ex-
pelled out of the break given the high RCS pressure. As the RCS
pressure quickly falls down to the saturation pressure, a two-phase
mixture of steam and water is expelled out due to coolant flashing.
The break changes from subcooled to saturated critical flow, and
the break mass flow rate decreases rapidly. The mass flow from
the vessel side of the break is much larger than from the pump side
because of the large flow resistances of the RCP and the steam
generator tubes. The reactor trip is supposed to occur on a low
pressurizer pressure signal with a delay. It is also assumed that a
loss-of-offsite power occurs coincident with the cold leg break.
This results in a RCP trip at 0.0 s.

Due to the loss of inventory and flashing in the core, the core is
uncovered. As the RCS pressure falls below that of the nitrogen gas
in the accumulators, the check valves open and accumulator flow
begins at 13.0 s. Each of the four accumulators inject into a differ-
ent cold leg. This results in the flow from one accumulator going
directly into containment through the broken cold leg (Fig. 3).
The large flow from the accumulators begins to refill the RPV,
and just after 33 s, the core reflood begins. The maximum of the
peak cladding temperature occurs at around 34 s and decreases
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as the core is refilled, and decay heat decreases. The accumulators
empty by 54 s. A safety injection actuation signal is generated at
6.0 s. After a 30 s startup delay time, the centrifugal charging
pumps, safety injection pumps, and the residual heat removal
pumps begin the flow into the RCS. Similar to the accumulators,
this flow is injected into the cold legs. This results in a single train
of the ECCS flowing directly into containment through the broken
cold leg.
4. Discussion

4.1. PCT sensitivity to fuel thermal conductivity during BWR and PWR
LBLOCA

While almost no effect from fuel thermal conductivity on PCT
evolution is observed for the BWR rod, a notable one is shown to
exist for the PWR fuel pins. This disparity is explained by the ther-
mal–hydraulics aspects of the two different cores and their ability
to remove the stored energy in the fuel during the transient. In the
BWR core, a break in the suction line does not alter the flow direc-
tion. Though both of the recirculation pumps are tripped, they con-
tinue to inject water down the jet pumps during coast down and
facilitate upward coolant flow into the core. The water, as it is
the case under nominal operating conditions, flashes into steam
and removes heat as it climbs upward within the fuel bundles.
The cooling process continues for �30 s, which is long enough
when compared to characteristic heat transport time across the ra-
dial direction of the fuel (�15 s as discussed in Section 3.1).
Accordingly, the magnitude of the remaining stored energy in the
fuel is negligible and no discernible effect on PCT evolution is ob-
served during later stages of the transient.

For the PWR, the break in the cold leg results in rapid coolant
discharge from the core (Fig. 3). The coolant entering from the cold
leg in the three remaining intact loops is unable to continue flow-
ing upward into the core during the depressurization process.
Accordingly, no significant heat removal from the fuel takes place
and the initial stored energy in the pellet simply redistributes
across the pellet and cladding (with, as a result, increased PCT),
as opposed to being removed. The larger magnitude of stored en-
ergy in the fuel with lower thermal conductivity results in a larger
PCT shortly after the onset of the break. This larger temperature
persists across the core until it is quenched. The drop in PCT during
this analysis by 56 �C upon doubling the fuel thermal conductivity
provides some cladding burst margin across the core and results in
a lower burst fraction [34].
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4.2. Effect of fuel thermal conductivity on core response during longer
term accidents

Once the stored energy in the fuel has been removed, no signif-
icant effect of fuel thermal conductivity on core response during
LOCAs is observed. Therefore, the accident scenarios most sensitive
to the magnitude of fuel thermal conductivity are the ones in
which the cooling capability is significantly reduced or lost in short
time periods below what is the characteristic time for heat trans-
port across fuel pellets and discharge of stored energy. As was
pointed out during the simplified analysis in Section 3.1, the char-
acteristic time for stored energy release from the pin is on the
order of 15 s. Therefore if adequate cooling (passive or active) is
maintained in the core for periods extending beyond this limit,
the magnitude of stored energy can be assumed to be negligible.

This logic can be extended to predict the sensitivity of core
response to fuel thermal conductivity during station blackout sce-
narios (SBOs). For a short-term SBO where complete loss of power
takes place at the onset of the accident, the magnitude of stored
energy and the effect of fuel thermal conductivity can be signifi-
cant (even though coast down of the pumps in the intact loops is
expected to provide some cooling). However, for the longer term
SBO scenarios where some level of core cooling was maintained
for a period prior to complete loss of power, the stored energy
can be ignored as a contributing factor to accident progression at
later stages. For instance, in Fukushima Daiichi units 1–3 (BWRs
instead of PWRs), all units experienced automatic scram once the
earthquake was detected and experienced active cooling for
roughly an hour prior to the SBO that ensued [35]. Therefore, the
stored energy in the fuel dissipated soon after the reactor scram
and did not contribute to the core degradation during the ensuing
SBO scenario.
4.3. Important fuel-related parameters for core performance under
LOCAs

Given that the characteristic time for heat transport across the
fuel pellet is �15 s, one expects the temperature profile across
the pellet to flatten at times extending beyond this limit. This is
shown in Fig. 10, where after 15 s past the scram only a small tem-
perature gradient is observed across the fuel pins (due to the small
magnitude of decay heat generation). Given the negligible temper-
ature gradient across the fuel and the cladding, the first term on
the right-hand side of Eq. (1) can be ignored. Therefore, the rate
of temperature rise becomes directly proportional to decay heat
generation rate and inversely proportional to the heat capacity of
the fuel constituents. As discussed earlier, the decay heat genera-
tion rate is directly proportional to operating LHR [Eq. (3)]; burnup
and power history effects are deemed negligible for the purposes of
this discussion. Accordingly, limiting radial and axial core power
peaking by optimized neutronic design can limit axial peaking of
PCT and burst frequency. The heat capacity of the fuel and the clad-
ding is another important parameter. By transitioning to cladding
materials that exhibit higher heat capacity than zirconium alloys
(e.g., iron alloys), the rate of temperature increase in the fuel can
be reduced [32]. If core cooling capability is lost in certain BDBA
scenarios, the core temperature continues to increase and extends
beyond what is shown in Fig. 6. Once temperatures beyond
�1200 �C are reached, the heat generation in the core as a result
of zirconium cladding oxidation becomes significant (often exceed-
ing the decay heat) and further exacerbates core degradation
processes. Under these circumstances, reduction in the oxidation
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kinetics of cladding and core constituents by steam can play a
significant role in enhancing safety margins [36].

5. Conclusions

The characteristic time for heat transport across UO2 pellets in
LWR fuel rods is on the order of 15 s. During an accident, if cooling
capability is maintained after core shutdown, the stored energy in
the fuel (inversely proportional to fuel thermal conductivity) dis-
charges in a similar time scale and will not affect the later progres-
sion of cladding and fuel temperatures. Also, the magnitude of
stored energy in the fuel is comparable to the cumulative decay
heat produced in the core after a few minutes. Therefore, for longer
term accidents (e.g., where significant loss of cooling occurs after a
few minutes past the onset of scram), decay heat generation dom-
inates heat deposition inside the core.

To fully grasp the sensitivity of core response to fuel thermal
conductivity, the details of the core thermal hydraulic design need
to be considered. Simulations of a BWR and a PWR subjected to a
LBLOCA scenario were carried out, and a different response was re-
corded for each case. For the BWR, an increase in fuel thermal con-
ductivity up to 500% has essentially no effect on the fuel rod heat-
up rate following coolant loss. This is attributed to the nature of
coolant flow inside the vessel that facilitates continued cooling
after reactor scram and pump trip, and in turn removes the stored
energy in the fuel. For the PWR, core flow is lost soon after RCPs are
tripped during the early blowdown stage of the transient, and the
stored energy is not discharged from the fuel. Therefore, an in-
crease in fuel thermal conductivity will have a modest effect in
reducing the PCT as the accident progresses.
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Department of Energy initiated research and development on the enhancement of the accident tolerance
of light water reactors by the development of fuels/cladding that, in comparison with the standard UO2/
Zircaloy (Zr) system, can tolerate loss of active cooling in the core for a considerably longer time period
while maintaining or improving the fuel performance during normal operations. Analyses are presented
that illustrate the impact of these new candidate fuel/cladding materials on the fuel performance at
normal operating conditions and on the reactor system under DB and BDB accident conditions.
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1. Background

Following the disastrous severe accidents at the Japanese Fuku-
shima Daiichi Nuclear Power Station, caused by the 2011 Tohoku
earthquake and tsunami, enhancing the accident tolerance of light
water reactors (LWRs) became a hot topic in the US Congress. As a
result, the Consolidated Appropriations Act of 2012 directed the
Nuclear Energy branch of the US Department of Energy (DOE) to
do the following:

� Give ‘‘priority to developing enhanced fuels and cladding for
light water reactors to improve safety in the event of accidents
in the reactor or spent fuel pools’’.
� Give ‘‘special technical emphasis and funding priority . . . to

activities aimed at the development and near-term qualification
of meltdown-resistant, accident-tolerant nuclear fuels that
would enhance the safety of present and future generations of
light water reactors’’.
� Report ‘‘to the Committee . . . on its plan for development of

meltdown-resistant fuels leading to reactor testing and utiliza-
tion by 2020.’’ A draft report was completed but not issued,
pending Congressional approval.

At the beginning of FY 2013, The DOE Fuel Cycle Research and
Development (FCRD) Advanced Fuels Campaign (AFC) was
reorganized to include research, development, and demonstration
(RD&D) on Accident-Tolerant Fuels (ATF) with the goal of inserting
a lead test assembly (LTA) or lead test rod (LTR) into a commercial
reactor by 2022 [1].

By definition, ATFs are fuels/cladding that, in comparison with
the standard UO2/Zircaloy (Zr) system, can tolerate loss of active
cooling in the core for a considerably longer time period while
maintaining or improving the fuel performance during normal
operations. There are three major potential approaches for the
development of ATFs:

� Improved fuel properties.
� Improved cladding properties to maintain core coolability

and retain fission products.
� Improved reaction kinetics with steam to minimize

enthalpy input and hydrogen generation.

There are constraints on new fuel/cladding designs, such as:

� Backward compatibility (must be qualified in an existing
reactor),

� Economics.
� Minimal impact on the fuel cycle.
� Minimal impact on the plant operations.
� Significant impact (improvement) on plant safety (for the

entire spectrum of design basis [DB] accidents and
beyond design basis [BDB] accidents).

During FY 2012, significant new capabilities [2] were
established by DOE’s FCRD Program at the Oak Ridge National
Laboratory to examine alternative candidates for fuel and cladding:

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2013.09.052&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.09.052
mailto:ottlj@ornl.gov
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� High-temperature furnace (up to 1700 �C, with a steam
and hydrogen atmosphere).

� High-pressure furnace (up to 1400 �C, with a steam and
hydrogen atmosphere at 2 MPa pressures).

� Thermogravimetry facilities (up to 1500 �C, with a steam
and hydrogen atmosphere).

� Loss-of-coolant accident (LOCA) integral test furnace (up
to 1204 �C, with a steam and hydrogen atmosphere, with
quench capabilities).

The LOCA station currently can test unirradiated fuel/cladding,
and in FY 2013 a comparable facility will be established in the
hot cells in the Irradiated Fuel Examination Laboratory (IFEL) at
ORNL to examine irradiated fuel/clad segments in an integral man-
ner. These complementary facilities have been established to
examine the behavior of advanced fuel/cladding materials under
severe accident conditions.

During FY 2012, several candidate cladding materials (such as
310 SS, FeCrAl, and SiC) were demonstrated at ORNL to have signif-
icantly lower oxidation kinetics and hydrogen generation [3]. Also,
a new fuel form (a fully ceramic micro-encapsulated [FCM] matrix
with TRISO fuel particles, the ceramic being silicon carbide [SiC])
was shown to have superior structural integrity with minimal
swelling under irradiation conditions [4].

The purpose of this paper is to illustrate the impact of these new
candidate fuel/cladding materials on the fuel performance at nor-
Δ

Fig. 2.1. Material thermo
mal operating conditions and on the reactor system under DB
and BDB accident conditions. Section 2 provides an overview of
the thermo-physical properties and oxidation kinetics of these
materials. Section 3 addresses the fuel performance during normal
operations. Section 4 focuses on two DB accidents, and Section 5
presents the results of BDB accident simulations.
2. Thermo-physical properties and oxidation kinetics of
candidate materials

2.1. Thermo-physical properties

The fuel material selected for this study is the fully ceramic
micro-encapsulated (FCM) fuel. This concept was originally devel-
oped for use in high-temperature gas-cooled reactors in which the
TRISO particles would be dispersed within a graphite matrix but
has since been adapted for use in LWR fuel elements using a SiC
matrix. The SiC matrix improves irradiation stability, provides an-
other effective barrier to fission product release, performs with
greater reliability under the anticipated operating and long-term
storage conditions, and provides greater resistance towards prolif-
eration [4,5]. In this study, thermal properties of the FCM fuel are
assumed to be the same as those for SiC [6–8] since actual data
for the FCM are not currently available. This is a reasonable
assumption since the FCM fuel pellet is largely SiC.
-physical properties.
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The cladding materials to be examined are 316SS, SiC, and Fe-
CrAl. 316SS contains Fe with 17% Cr, 12% Ni, 2.5% Mo, and 0.03%
C [9,10]. FeCrAl consists of P69.52% Fe, 20.5–23.5% Cr, 5.8% Al,
60.08% C, 60.4% Mn, and 60.7% Si [10,11].

The thermal properties are presented in Fig. 2.1 for the selected
fuel and cladding materials, as well as conventional UO2 fuel
[12,13] and Zircaloy cladding [12,13].

Thermal conductivity values shown do not consider the effects
of neutron irradiation. It is observed that the thermal conductivity
of SiC is reduced by >30% after irradiation. The FCM fuel (SiC) has
much higher thermal conductivity than the UO2 fuel, which means
the FCM fuel will have a much lower centerline temperature and
smaller radial temperature gradient within the fuel pellet at full
power compared to the UO2 fuel. Volumetric heat capacity of the
FCM fuel is slightly higher than that of the UO2 fuel, although its
specific heat capacity is much higher than that of the UO2 fuel.
Additionally, SiC has lower thermal expansion and volumetric
swelling (during irradiation) than UO2.
Fig. 2.2. Mass change at 1200 �C in steam at 8 h duration.

Fig. 2.3. Material oxidation kinetics.
Zircaloy has a sharp spike in specific heat capacity because it
undergoes a phase change (alpha to beta) from 1090 to 1248 K.
FeCrAl also demonstrates a peak (at �800 K) in the specific heat
capacity due to a magnetic phase transition. SiC has a higher spe-
cific heat capacity than metal materials, while its volumetric heat
capacity values are lower than those of 316SS and FeCrAl. Note that
volumetric heat capacity (q*Cp) and thermal conductivity play a
key role in the heat-up of the fuel and cladding during a LOCA.
The fuel and cladding with higher volumetric heat capacity will
have a slower and lower temperature increase in fuel and cladding
(i.e.,slower transient thermal response). The lower the thermal
conductivity, the higher the initial component temperatures and
thus the higher the initial stored energy. However, we have found
that initial stored energy has almost no effect on the heat-up of the
fuel and cladding in a boiling water reactor (BWR) LOCA, though it
shows some effect in a pressurized water reactor (PWR) LOCA [14].
Hence, it is expected that the FCM fuel with the FeCrAl or 316SS
cladding will perform best in heat-up during a LOCA.
2.2. Cladding oxidation kinetics

The oxidation of these candidate cladding materials is exten-
sively discussed in an accompanying paper [3] in this journal. A
summary of the studies is illustrated in Figs. 2.2 and 2.3. As shown,
these advanced iron-based alloys and SiC materials offer significant
improvements over zirconium alloys and conventional stainless
steels with respect to oxidation kinetics.
3. Fuel Behavior at normal operating conditions

The FRAPCON-3 fuel performance code [12] is the primary audit
code for the US Nuclear Regulatory Commission (NRC); it has been
developed and is maintained for the NRC by the Pacific Northwest
National Laboratory (PNNL). The code models nuclear fuel pin
performance under normal operating conditions in a LWR
environment.

For these simulations, the thermo-physical properties of SiC
were incorporated into the MATPRO routines within the FRAP-
CON-3 code (thus allowing the use of FCM pellets). The FCM (fuel)
properties required by FRAPCON-3 were (1) the specific heat, (2)
enthalpy, (3) Young’s modulus, (4) surface emissivity, (5) Poisson’s
ratio, (6) thermal conductivity, (7) thermal expansion, and (8)
densification and swelling under irradiation conditions. Besides
modifying the appropriate MATPRO routines, the information flow
and logic within the code were modified to allow the modeling of
fuel pins loaded with an alternate fuel form (ergo, FCM pellets). For
these code modifications, no changes (or additions) were made to
the cladding materials or user cladding options.

The modified FRAPCON-3 code [15] was exercised on a case that
had recently been analyzed (an oxide fuel pin that was irradiated
in an LWR for two cycles). These simulations (one using an oxide
fuel and the second FCM compacts) use the same rod operating
powers (average linear heat generation rates [LHGR], as shown in
Fig. 3.1, and axial rod power shape [not shown]) and the same
initial fuel pin and fuel physical dimensions. Also, since there is
negligible TRISO particle failure below 1600 �C, it is assumed that
there is negligible fission gas release from the FCM compact; and
since there is significantly lower thermal stresses within the FCM
compact due to lower compact temperatures and radial tempera-
ture gradients, it is also assumed that the compact does not frac-
ture and ‘‘relocate’’ as is currently modeled for oxide fuel. Both
these assumptions are reflected in these FRAPCON-3 simulations,
and both assumptions impact the fuel–clad gap and the gap
conductance.
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These simulations employ a Zircaloy cladding primarily because
the metallic cladding thermal conductivities are very similar (see
Section 2.1) and the creep models for Zircaloy are well established.
There are no similar models available for the other metallic clad-
dings under normal LWR operating conditions (pressures, temper-
atures, and fluences). Thus these simulations primarily focus on
the fuel behavior.

For these simulations, the oxide fuel operates at much higher
temperatures (see Fig. 3.2, solid blue curve) primarily due to the
much lower oxide thermal conductivity. Note in Fig. 3.2 that the
cladding temperature (bottom curve, green) is the same for both
simulations (as it should be since the power generation and fluid
conditions are the same in both cases). The centerline tempera-
tures for the FCM compact (solid red curve) are 300–550 �C lower
than the oxide fuel for the same reactor operating conditions—even
though the oxide fuel surface temperature is lower than the FCM
compact (due to higher thermal expansion, swelling, relocation,
swifter gap closure, as shown in Figs. 3.2 and 3.3). The low radial
temperature gradient in the FCM compacts justifies the assump-
tion that the compact will not fracture and relocate.
Fig. 3.1. Fuel rod average linear heat generation rate versus time.

Fig. 3.2. Fuel/clad
The pressure in the fuel pins is higher for the oxide rod due to
the lower fuel pin void volume—because of the higher oxide fuel
thermal expansion and swelling which closes the radial fuel/clad
gap (Fig. 3.3a at about 350 days) and the higher fission gas release.
Note the rate of clad creep-down onto the fuel is approximately the
same through �350 days (Fig. 3.3a and b). Swelling is much lower
and saturates early in the irradiation in the FCM pellet; and gap
closure occurs late (at �900 days, Fig. 3.3b) in the irradiation, pri-
marily due to clad creep-down.

As expected, in comparing a fuel (FCM) with higher thermal
conductivity and better structural characteristics (thermal conduc-
tivity that is higher than that of oxide fuel, low and stable swelling,
low thermal expansion, high mechanical strength) versus oxide
fuel (low thermal conductivity, high swelling, etc.), the thermal
performance of the FCM yields much lower centerline tempera-
tures and temperature gradients within the fuel. Even operating
at normal LWR powers, the temperatures in the FCM compacts
(pellets) are well below temperatures (by at least a 1000 �C) at
which TRISO fuel would fail and release fission products; thus,
the assumption that there is no fission gas release from the FCM
fuel form is reasonable. Also, the lower radial thermal gradients
in the FCM fuel (Fig. 3.2) yield lower thermal stresses in the FCM
pellet (unlike the UO2 pellet), which will result in much less pellet
cracking, less fission gas release, and less ‘‘fines’’ generation that
could be released upon a cladding breach. The integrity of the
FCM pellet (with surrogate TRISO fuel) has been demonstrated in
High Flux Isotope Reactor (HFIR) test irradiations [4].

The assumption that the FCM fuel can operate at the same
power levels and cycle lengths (Fig. 3.1) is questionable since at
least half the oxide fuel mass in equivalent pellets has been re-
placed with inert SiC and the TRISO particles would probably need
to use higher 235U enrichments to achieve comparable LHGRs.
These are core design issues that are not addressed in these
analyses.
4. DB accident analyses

4.1. Introduction

For this paper only the Reactivity Insertion Accident (RIA) and
the LOCA DB accidents will be discussed.
temperatures.



Fig. 3.3. (a) Oxide fuel/clad radii (gap) behavior and (b) FCM fuel/clad radii (gap) behavior.
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4.2. RIA DB accident

With respect to the RIA DB accident in current regulations, the
RIA is initiated by a sudden removal of a control element (rod in a
PWR, blade in a BWR) from the core with the reactor at power with
UO2 fuel and zirconium alloy cladding. Past research has focused
on the determination of limits on the deposited energy (J/g) in
the fuel due to the reactivity insertion. (These limits are functions
of the zirconium alloy cladding oxidation and hydride content.)
Simply stated, the core must remain in a coolable geometry
without dispersal of fuel into the coolant, and the limits are the
maximum powers for which the coolable geometries (and no fuel
dispersion) are maintained.

These ‘‘limits’’ historically have been determined experimen-
tally (for example, in the US Transient Reactor Test Facility
(TREAT), the Japanese Nuclear Safety Research Reactor (NSRR)
and the French CABRI reactor); new fuel/cladding systems would
need these RI ‘‘limits’’ to be determined experimentally (ergo,
domestically in TREAT).

These RIA limits essentially determine the allowable control rod
worths in the core design.

The DOE FCRD program is currently funding RIA analyses at
Brookhaven National Laboratory (BNL) for reactor systems utilizing
advanced ATFs (specifically the FCM fuel form). Preliminary analy-
ses [16], based on a AP1000 reactor design, indicates that FCM
cores behave very similarly to that of an oxide core. That is, the
FCM ejected rod worth ($0.517) is very close to that of the oxide
ejected rod worth ($0.523), and the power curve (versus time) is
also very close, as shown in Fig. 4.1.

Given the BNL simulations, the power deposition (Fig. 4.1) with-
in the FCM fuel is very similar to that of the oxide fuel with respect
to magnitude and time. The fuel rod simulations for this transient,
however, have not been completed; but with the higher thermal
conductivity and higher volumetric heat capacity of the FCM fuel,
it is expected that the transient thermal response of the FCM fuel
will be slower with lower peak temperatures than that of the oxide
fuel.
Fig. 4.1. AP-1000 RIA power curve using an oxide or FCM core.
4.3. LOCA DB accident

4.3.1. Introduction
The LOCA DB Accident in current regulations (10CFR50.46

Appendix K) focuses on a break in the primary coolant piping of
a reactor at full power with subsequent scram with UO2 fuel and
zirconium alloy cladding. For this DB accident, the following crite-
ria must be met:
� Must avoid cladding temperatures >1204 �C in the result-
ing transient.

� Must keep through wall cladding reaction to <17%.
� Must maintain >1% ductility in the cladding.
� Must maintain a coolable geometry without dispersal of

fuel into the coolant.

These requirements essentially determine the design, capacity,
and response of the emergency core cooling system (ECCS) for a
reactor core utilizing UO2 fuel and zirconium alloy cladding. These
limits/restrictions could/would change for a different fuel/cladding
system (e.g., ATFs); in all probability, experiments would be
needed to determine the new limits that would be applicable for
an ATF core.
4.3.2. LOCA DB analyses
All reactor conditions being equal (scram time, break, etc.), the

heat-up of the fuel and cladding during a LOCA is mainly deter-
mined by their volumetric heat capacity and thermal conductivity.
The heat-up of the fuel cladding will be accelerated when the
exothermic metal–water reaction is initiated. Therefore, the peak
cladding temperature (PCT) during any LOCA scenario should be
limited to 1204 �C (2200 �F) to prevent an autocatalytic excursion
(e.g., for zirconium alloy clad fuel).

As discussed in Section 2, the FCM fuel and the FeCrAl (or
316SS) cladding have a great potential to mitigate the heat-up dur-
ing a LOCA since they have high volumetric heat capacities and
much lower rates of oxidation. In this study, we will focus on the
performance of the FCM fuel and the FeCrAl cladding during a
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large break (LB) LOCA (in comparison with the response of a
UO2–Zircaloy core).

A GE BWR4 plant with a Mark I containment operating at
1155 MWe power (see Fig. 4.2) will be employed as the bases for
these analyses.

The TRACE code [17] is the NRC’s primary thermal hydraulics
tool. TRACE contains 1-D and 3-D resolution of the nuclear power
plant’s primary and secondary systems. The code includes detailed
modeling of the system thermal–hydraulics including two-phase
flow.
Fig. 4.2. BWR with a DB LOCA pipe break occurring in t

Fig. 4.3. GE BWR4
A TRACE model of the GE BWR4 is employed to perform this
study. The TRACE model includes all of the major flow paths and
system components to perform large and small break LOCA simu-
lations, as shown in Fig. 4.3. Both recirculation loops are modeled
explicitly. The reactor pressure vessel (RPV) is modeled using the
TRACE VESSEL component with axial levels, radial rings, and azi-
muthal sectors representing the downcomer, lower plenum, core,
upper plenum, and upper head regions. The GE14 fuel bundles
are modeled using TRACE CHAN components. Also modeled are
the drywell and suppression chamber components with a CONTAN
he reactor coolant recirculation pump suction line.

TRACE model.



Table 4.3
LBLOCA sequences of events.

Event Scenario
1 (s)

Scenario
2 (s)

Scenario
3a (s)

Initiation of break 0.0 0.0 0.0
Reactor scrams 0.0 0.0 0.0
Feedwater flow tripped 0.0 0.0 0.0
MSIVs start to close 0.0 0.0 0.0
Recirculation pumps tripped 0.0 0.0 0.0
Pressurization of the dry well activates

the ECCS
0.1 0.1 0.1

LPCI injection starts 91 319 0.0
Peak cladding temperature reached, or

1204 �C reached
128 347 347a

Calculation ends 300 500 500

a Note: In the Scenario 3 case, the 1204 �C limit is exceeded in the UO2–Zircaloy
simulation at �350 s, and clearly after 350 s, this is beyond a DB accident.
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component. The steam lines are modeled out to the turbine control
valve. The feedwater system is modeled with a FILL component set
up to control the feedwater flow rate to maintain the desired
downcomer level in the RPV. The ECCSs are also modeled using
FILL components and include the High-Pressure Coolant Injection
(HPCI), Low-Pressure Coolant Injection (LPCI), and Low-Pressure
Core Spray (LPCS) injection systems.

The LBLOCA is a double-ended guillotine recirculation suction
line break (0.362 m2). A loss of offsite power is assumed to occur
at the beginning of the transient so that the feedwater stops flow-
ing into the RPV and the two recirculation pumps are tripped at
0.0 s. It is also assumed that the reactor is scrammed at 0.0 s. Only
two LPCIs are assumed to be available (HPCI, LPCS, and the auto-
matic depressurization system [ADS] are all unavailable). Three
scenarios of ECCS injection were simulated, as summarized in
Table 4.1. Scenario 1 is a normal LBLOCA case in which LPCI injec-
tion is actuated as designed. Scenario 2 assumes that there is delay
in LPCI injection. Case 2 is executed in order to have an extended
heat-up of the fuel cladding (approaching the 1204 �C PCT for the
UO2–Zircaloy core). Scenario 3 assumes all ECCS injection fails, so
the metal (clad)-water oxidation does occur in this scenario and
PCTs do exceed 1204 �C, and thus this scenario is a BDBA.

LBLOCA simulations were performed for three combinations of
fuel and cladding materials: (1) UO2–Zircaloy; (2) UO2–FeCrAl; and
(3) FCM–FeCrAl. The first one is the reference case in which the fuel
and cladding materials are conventional UO2 and Zircaloy. In the
second case only the fuel cladding is changed to FeCrAl. The third
case is that the fuel and cladding materials are replaced with
FCM and FeCrAl. Note that the replacement of the fuel and cladding
materials is only made to the hottest fuel bundle. It means that all
other fuel bundles still use the same UO2 fuel and the same
Zircaloy cladding. Hence, the changes have no impact on core ther-
mal–hydraulic conditions during the LBLOCA.

The GE14 fuel used in the TRACE model is composed of 78 full-
length fuel rods, 14 part-length rods, and two large central water
rods in a 10 � 10 lattice array. Design parameters of the GE14 fuel
are summarized in Table 4.2.

The sequences of events calculated for the three LBLOCA scenar-
ios are presented in Table 4.3.

At time 0.0 s, the break causes a blowdown of the coolant from
the RPV into the drywell, resulting in a rapid depressurization of
the RPV, and pressurization in the containment. The downcomer
collapsed level starts to drop at the very beginning of the transient.
As the RPV pressure decreases, the saturation temperature de-
creases to the coolant temperature, and flashing begins. The core
flow stops at 20 s into the transient. When the LPCI starts injection
Table 4.1
ECCS injection scenarios.

Scenario ECCS injection Comments

1 LPCI injection starts at 91 s LPCI is actuated as designed
2 LPCI injection starts at 319 s LPCI is actuated with a delay
3 All ECCS systems fail Metal–water reaction starts

Table 4.2
GE14 fuel and cladding dimensional design parameters.

Parameters Values

Cladding thickness (mm) 0.6604
Gap thickness (mm) 0.0889
Fuel pellet diameter 8.7633
Fuel rod pitch (mm) 1.2954
Active fuel length (m) 3.81
Active fuel length (Part-length rods) (m) 2.4384
at 91 s in Scenario 1, the core flow resumes and starts to signifi-
cantly oscillate when the water level in the downcomer increases
above the inlet of the jet pumps. The PCT declines in the first
20 s, due to the core power decay and an increase in the core flow
from coolant flashing.

The PCT starts to increase after the core flow stops and reaches
the maximum value at 128 s, as shown in Fig. 4.4. For this scenario,
the core quenches at �180 s. The maximum PCT reached in the fuel
and cladding of FCM–FeCrAl is about 75 K lower than the conven-
tional fuel. Note that there is only a small difference in the maxi-
mum PCT between UO2–FeCrAl and FCM–FeCrAl because the
high volumetric heat capacity of FeCrAl plays a dominant role in
the heat-up of the fuel cladding.

In Scenario 2, Fig. 4.5, it is assumed there is a delay in the LPCI
injection (in order to show an extended cladding heat-up). The dif-
ference in the maximum PCT increases to 224 K between UO2–Zir-
caloy and FCM–FeCrAl.

Scenario 3 assumes that all ECCSs fail during the LBLOCA, and
clearly without coolant injection this scenario will develop into a
BDB accident. The PCT and the Zircaloy cladding oxidation are
shown in Fig. 4.6. This scenario further demonstrates that the Fe-
CrAl cladding has superior performance in terms of heat-up as
compared with the Zircaloy cladding. It should be noted that Fe-
CrAl also has better performance in the metal–water oxidation
kinetics than Zircaloy. When Zircaloy reaches a sufficiently high
temperature (�900 �C) in a steam environment, the exothermic
metal–water reaction is initiated, as shown in Fig. 4.6. However,
FeCrAl oxidation is almost negligible until the cladding tempera-
ture goes beyond 1650 �C. (For this case, the simulation was termi-
nated at 500 s, at which point the cladding temperature is
approaching 1204 �C.)
Fig. 4.4. PCT – Scenario 1 LPCI injection at 91 s.



Fig. 4.5. PCT – Scenario 2 LPCI injection at 319 s.

Fig. 4.6. PCT and oxidation – Scenario 3 all ECCSs fail.

Table 5.1
Material melting properties modified in MELCOR.

Property ‘‘FCM’’ ‘‘FeCrAl’’ ‘‘FeCrAl’’ oxide

Melting temperature (K) 2818.0 1672.0 1870.0
Latent heat of fusion (kJ/kg) 1000 268 598
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5. BDB accident analyses

5.1. Overview

Scoping simulations were performed using the MELCOR severe
accident code [18] to investigate the influence of advanced materi-
als on the BDB accident progression and to identify any existing
code limitations. Short-term and long-term station blackout
(STSBO, LTSBO) accidents were simulated for Peach Bottom (PB),
a GE BWR/4 with a Mark-I containment.

The MELCOR code is the primary code the NRC uses to model
and analyze the progression of severe accidents. It has been
developed and maintained for the NRC by the Sandia National Lab-
oratories (SNL). MELCOR is a systems-level severe accident code
which includes the major phenomena of the system thermal–
hydraulics, fuel heat-up, cladding oxidation, radionuclide release
and transport, fuel melting and relocation, etc.

The analyses used the Peach Bottom (a GE BWR4/Mark I) MEL-
COR 1.8.5 model, which is described by Francis [19]. The model has
a long development history with its origination in the late 1980’s at
BNL followed by additional development at ORNL and Dycoda, LLC.
The core is modeled with five rings and eight axial segments.
Excluding the core, the RPV is modeled with six control volumes.
The reactor power before SCRAM was assumed to be 3,293 MWth.
The model contains the key equipment important in modeling se-
vere accidents (reactor core isolation cooling [RCIC] and high-pres-
sure coolant injection [HPCI] systems, safety relief valves [SRVs],
water storage tanks, etc.). Although the model contains a detailed
representation of the reactor building, the current study focused
on the impact of ATFs on the in-vessel accident progression.
5.2. Simulation setup

The fuel and cladding properties were modified in MELCOR to
reflect the candidate ATF materials FCM and FeCrAl, respectively.
Material melting, oxidation, oxide properties, and relocation char-
acteristics of the materials must be specified in MELCOR. However,
some characteristics and material properties for these advanced
materials have not yet been determined. The following describes
how the material properties in MELCOR were modified to repre-
sent the advanced materials and the modeling limitations
encountered.

MELCOR 1.8.5 assumes ‘‘UO2’’ for fuel and ‘‘Zircaloy’’ for the
cladding and channel boxes. Therefore, the material properties
specified for ‘‘UO2’’ and ‘‘Zircaloy’’ were modified to simulate dif-
ferent fuel and cladding materials. However, in doing so, all com-
ponents such as the channel boxes that are made of the
‘‘Zircaloy’’ material also had their material properties changed.
The inability to decouple the material property specifications for
the cladding and channel box was a key modeling limitation
encountered in this study.

The new fuel and cladding were assumed to have the same
geometry, dimensions, and flow characteristics as the nominal
UO2–Zr based core. To accomplish this, the material masses were
scaled by their densities to retain the same material volumes.
The core flow paths and flow resistances were also not modified.
The radionuclide composition, distribution, and release physics
were not modified from the base model. Other model parameters
not discussed, such as heat transfer correlations, were not modi-
fied. Modification of these parameters may be performed in future
studies.

The properties implemented are summarized in Table 5.1 and
Fig. 5.1. Due to the lack of material property information for
FCM, the fuel material properties were modeled as those of SiC.
To simulate the FeCrAl material, many of the material properties
for 304 stainless steel (304SS) were substituted for Zr. 304SS and
FeCrAl have similar material properties. The properties imple-
mented for the cladding (and channel box) are given in Table 5.1
and Fig. 5.1. Some sensitivity coefficients related to cladding failure
and relocation were also modified to those for 304SS. The fuel rod
collapse temperature (SC1132) was set to 2800 K. The dissolution
rate for the cladding material (SC1010) was set to those of steel
and steel oxide (see user manual [18]). The holdup of molten mate-
rial by an oxide shell was set to occur at a minimum oxide thick-
ness of 0.001 m and for oxide temperatures below 1700 K
(SC1131, defaults for steel [18]).

The ‘‘Zircaloy’’ material oxidation rate in MELCOR is governed
by parabolic kinetics with consideration of gaseous diffusion limits
and accounts for oxidation by both H2O and O2. Oxidation of the
fuel material is not modeled in MELCOR.

The oxidation characteristics of FeCrAl were not available when
these simulations were performed (only that the oxidation mass
depletion and kinetics were roughly two orders lower than that
of Zircaloy [3], see Figs. 2.2 and 2.3). Therefore, for this study, the
oxidation rate equations for the FeCrAl material were modified to
reflect 1% of the values of Zircaloy. In addition, a simulation where
oxidation was effectively turned off (0%) and a simulation using the
default UO2 and Zircaloy properties were conducted to bound the
range of possible cladding oxidation behavior. Table 5.2 provides



Fig. 5.1a. Density.

Fig. 5.1b. Thermal conductivity.

Fig. 5.1c. Specific heat.

Fig. 5.1d. Enthalpy.
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the values used in the oxidation rate equations and gaseous diffu-
sion equation, Eqs. (5.1)–(5.3). The default values in MELCOR for
stainless steel are provided for comparison. The parameter D
(SC1003) is specified for H2O and is multiplied by two internally
in the code for O2.

A major code limitation was encountered in that the heat of
reaction during oxidation is hardcoded in MELCOR (Clad-H2O:
5.797 � 106 J/kg clad at 298.15 K, Clad-O2: 1.2065 � 107 J/kg clad
at 298.15 K). The heat of reaction of Zircaloy is approximately 10
times that of stainless steels. As shown later, the heat released
due to cladding oxidation can be a major contributor to the overall
heat load.

dðW2Þ
dt

¼ KðTÞ ¼ A1exp
B1

T

� �
if T < Ttran;1; ð5:1Þ

dðW2Þ
dt

¼ KðTÞ ¼ A2exp
B2

T

� �
if T � Ttran;2; ð5:2Þ

dW
dt
¼ D

kcPox

Tf
; ð5:3Þ

where A1 is the low-temperature-range constant coefficient, A2 is
high-temperature-range constant coefficient, B1 is low-tempera-
ture-range exponential constant, B2 is high-temperature-range
exponential constant, D is user-defined sensitivity parameter, K(T)
is oxidation rate constant, kc is mass transfer coefficient, Pox is par-
tial pressure of oxidant, t is time, T is temperature (absolute); Tf is
gas film temperature, Ttran,1 is upper-temperature boundary for
low-temperature range, Ttran,2 is lower-temperature boundary for
high-temperature range, and W is the mass of metal oxidized per
unit surface area.

The scenarios investigated include a STSBO and a LTSBO. The
STSBO assumes the reactor shuts down (SCRAM) and all power is
lost at time zero and all injection is lost at time zero. The LTSBO as-
sumes the reactor SCRAMs and AC power is lost at time zero and
DC power (batteries) is lost at 8 h. The RCIC and HPCI are available
for operation during the LTSBO up until the loss of battery power.
For these scenarios, the ability to inject water via the control rod
drive (CRD) pumps and low-pressure ECCS pumps (no AC power)
and diesel-driven pumps is also assumed to be lost.

An additional scenario, a mitigated STSBO (MSTSBO), is ana-
lyzed in which operators take action to inject water through the
CRD pumps at a rate of 110 GPM (25 m3/h). This provides a steady
flow of high-pressure water, injected into the bottom of the RPV.

5.3. Simulation results

5.3.1. STSBO
With the standard UO2–Zr system, as expected, rapid cladding

oxidation occurs after the core is mostly uncovered (see reactor
water level in Fig. 5.2 and core PCT in Fig. 5.3). A large amount of
hydrogen is generated (Fig. 5.4), releasing a substantial amount
of heat between 1 and 2.5 h after reactor SCRAM (Fig 5.6). The relo-
cating core melt dries out the lower head approximately 4 h after
SCRAM (Fig. 5.2).

The progression of the UO2–FeCrAl case and the UO2–Zr case
with oxidation prohibited closely align (Fig. 5.2). After 10 h, the
UO2–FeCrAl case generates approximately half of the hydrogen as
the UO2–Zr case (Fig. 5.4). The relocating core melt dries out the
lower head approximately 8.5 h after SCRAM. (Note: there are
additional uncertainties involved with these new core materials
since core degradation mechanisms [materials interactions, eutec-
tic formation, failure temperatures, etc.] have not been experimen-
tally determined.)

The FCM–FeCrAl case also closely aligns with the UO2–FeCrAl
case. However, the core stays mostly intact and relocation to the
lower plenum is reduced. This is due to the high ‘‘melting’’
temperature specified for the FCM material. As noted previously,



Table 5.2
Oxidation rate equation values implemented in MELCOR.

Reacting species Parameter Zr ‘‘FeCrAl’’ (0.01 � Zr) SS Units

O2 A1 50.4 0.504 0.0 kg2/m4 s
B1 14630.0 14630.0 0.0 K
Ttran,1 10000.0 10000.0 1333.0 K
A2 0.0 0.0 0.0 kg2/m4 s
B2 0.0 0.0 0.0 K
Ttran,2 10000.0 10000.0 1550.0 K

H2O A1 29.6 0.296 2.42E9 kg2/m4 s
B1 16820.0 16820.0 42400.0 K
Ttran,1 1853.0 1853.0 1333.0 K
A2 87.9 0.879 2.42E9 kg2/m4 s
B2 16,610 16610.0 42400.0 K
Ttran,2 1873.0 1873.0 1550.0 K

H2O D 0.00548 0.00504 0.00504 kg K/Pa m3

Fig. 5.3. Peak intact cladding temp., STSBO.
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the relocation characteristics and modeling of the FCM material
should be further investigated.

The steam dryer temperature and main steam line temperature,
upstream of the main steam isolation valve (MSIV), are given in
Figs. 5.5 and 5.6, respectively. While the water level drops, the fuel
superheats the gas flow passing through the core and into the
steam separators, steam dryers, main steam line, and finally out
the SRVs. In the UO2–Zr system, the rapid release of energy from
cladding oxidation further accelerates the heat-up of the upper
structures. However, the UO2 fuel and Zr cladding begin to relocate
into the bottom head, sending additional steam upwards. The
additional steam flow limits the temperature rise in the upper
structures. Soon afterwards, the bottom head fails and the melt
is relocated. However, for the other cases where there is low/no
cladding oxidation and the core remains intact longer, the upper
structures continue to heat up. Note that another limitation in
MELCOR and the current Peach Bottom model is the inability to
melt and relocate upper structures and core shroud. Thus, even
though temperatures are predicted well above their structural
failure limits and are in the range of the material melting point
(1675–1725 K), the structures are modeled as remaining intact.

Table 5.3 summarizes the differences in the predicted accident
progression timing between the nominal UO2–Zr case and the
UO2–FeCrAl case. The advanced cladding slows the accident pro-
gression, providing a few extra hours for accident response
measures.
Fig. 5.2. Core water level, STSBO.

Fig. 5.4. In-core hydrogen gen., STSBO.
5.3.2. LTSBO
The LTSBO scenario results are generally consistent with the

STBSO scenario results, except the time scales are extended. The
first 12 h of the accident (SCRAM, RCIC operation, boildown) are
similar between the cases.

Around 12 h, cladding oxidation in the UO2–Zr case accelerates
with the decrease in the reactor water level (Fig. 5.8), generating
hydrogen (Fig. 5.10) and causing the excursion in cladding



Fig. 5.6. Energy source terms, STSBO.

Fig. 5.5. Steam dryer temperature, STSBO.

Fig. 5.7. Main steam line temp., STSBO.

Table 5.3
STSBO event timing comparison.

Event UO2–Zr case
time (h)

UO2–FeCrAl case
time (h)

Difference D
time (h)

First cladding gap release 1.23 1.26 0.03
Time to 50 kg H2 generated 1.52 2.59 1.07
First channel box failure 1.87 4.22 2.35
First cladding relocation 2.07 4.93 2.86
Lower head dries out 3.98 8.52 4.54
Lower head failure 4.64 12.14 7.50

Fig. 5.8. Core water level, LTSBO.
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temperature, as shown in Fig. 5.9. The first cladding failure and
relocation occur at 14.1 h. In contrast, the cladding temperature
for the cases with advanced materials increases at a slower rate
due to the reduced cladding oxidation (or lack of for the UO2–Zr
case where Zr oxidation was prohibited). By reducing the cladding
oxidation, the time to first cladding relocation is delayed 6.1 h until
approximately 20.3 h after shutdown (for the UO2–FeCrAl case).

The UO2–FeCrAl and FCM–FeCrAl cases became unstable during
core relocation, and the simulations were terminated in MELCOR.
However, the UO2–Zr case where cladding oxidation is prohibited
was extended through the 24 h simulation duration. The UO2–Fe-
CrAl case likely closely follows the UO2–Zr case without cladding
oxidation.

The steam dryer temperature response (Fig. 5.11) is similar to
that predicted in the STSBO scenario. The UO2–Zr case results in
a rapid heat-up of the steam dryer during cladding oxidation; how-
ever, the temperature is reduced as the melt relocates into the low-
er head and then ex-vessel. In contrast, the cases using advanced
materials have a more gradual and long-term heat-up of the steam
dryers, reaching very high temperatures. The integrity of the upper
internals at such high temperatures over such long durations is
questionable.

Table 5.4 summarizes the differences in the predicted accident
progression timing between the nominal UO2–Zr case and the
UO2–FeCrAl case. The advanced cladding slows the accident pro-
gression, providing several extra hours for accident response
measures.

5.3.3. Mitigated STSBO (MSTBO) with water injection via CRD results
In this scenario the STSBO is successfully mitigated by operators

recovering water injection capability through the control rod drive
(CRD) pumps. In these simulations the CRD pumps inject water
from the condensate storage tanks at the rate of 110 gpm
(0.42 m3 per min), which is the nominal PB CRD pump capacity
after SCRAM. The core slowly refills and remains partially exposed
for many hours (Fig. 5.12). Only the UO2–Zr and UO2–FeCrAl cases
were analyzed.



Fig. 5.10. In-core hydrogen gen., LTSBO.

Fig. 5.9. Peak intact cladding temp., LTSBO.

Fig. 5.11. Steam dryer temp., LTSBO.

Table 5.4
LTSBO event timing comparison.

Event UO2–Zr case
time (h)

UO2–FeCrAl case
time (h)

Difference D
time (h)

First cladding gap release 11.83 12.54 0.71
Time to 50 kg H2 generated 12.89 15.42 2.53
First channel box failure 13.83 19.38 5.55
First cladding relocation 14.12 20.25 6.13
Lower head dries out 16.38 23.52a 7.14a

Lower head failure 17.55 24.48a 6.93a

a Estimated based on the results of the UO2–Zr case where Zr oxidation is
prohibited.
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The UO2–Zr case reaches a peak cladding temperature of 1720 K
(Fig. 5.13), while the UO2–FeCrAl case reaches a peak temperature
of 1455 K. Coincidentally, the UO2–FeCrAl case remains below the
regulatory peak cladding temperature limit of 2200�F (1477.7 K).

The UO2–Zr case produces 583 kg of hydrogen (Fig. 5.14) over
the time interval of 1.75–8 h after SCRAM, while the UO2–FeCrAl
case only produces 31 kg.

In the UO2–Zr case, the steam dryer reaches temperatures
(Fig. 5.15) similar to those predicted in the STSBO and LTSBO sce-
narios. However, for the UO2–FeCrAl case, the predicted steam
dryer temperature is much lower than that predicted to occur in
the STSBO and LTSBO scenarios.

5.3.4. Simulation limitations
A few modeling limitations were encountered in MELCOR while

performing this work. First, for a BWR simulation, the channel box
and fuel cladding are both hardcoded to use the same material in
MELCOR. Thus, the material specification and properties cannot
be altered independently for these components. Second, the heat
of reaction (that of Zircaloy) during oxidation is hardcoded in MEL-
COR. Another code limitation is that oxidation of the fuel is not
modeled by MELCOR. While this is of limited interest for UO2, fu-
ture fuel materials may be more susceptible to oxidation. These
limitations restrict a user’s ability to evaluate advanced fuel and
cladding materials that are outside the scope of the traditional
UO2, Zr, and steel system.

As new fuels and claddings are developed to be more robust, the
other structures within the RPV may face additional challenges and
need to be considered for evaluation. Currently, a limitation in
MELCOR is the inability for the upper internal structures and the
core shroud in BWRs to melt and relocate. The simulation results
presented here suggest the upper internals may be challenged be-
fore the fuel for cases with advanced fuels/cladding.

This study focused on the in-vessel impact of new fuels and
cladding on the accident progression with respect to accident
Fig. 5.12. Core water level, MSTSBO.



Fig. 5.13. Peak intact cladding temp., MSTSBO.

Fig. 5.14. In-core hydrogen gen., MSTSBO.

Fig. 5.15. Steam dryer temp., MSTSBO.
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progression timing, hydrogen production, and component temper-
atures. Future analysis should also encompass the impact of ad-
vanced fuels and claddings on the ex-vessel phase of an accident.
Note that the possible additional material, from melting and relo-
cation of the upper structures, may also impact the ex-vessel pro-
gression. Finally, the fission product release characteristics for the
advanced fuels will need to be developed and integrated into sys-
tems tools to analyze their risk reduction potential. This could be a
key benefit of the FCM fuel.
6. Conclusions

Under normal reactor operations, as expected, a fuel (such as
FCM) with higher thermal conductivity and better structural stabil-
ity operates at much lower temperatures (and temperature gradi-
ents) than standard oxide fuel (with its low thermal conductivity,
high swelling, etc.). However, the assumption that the FCM fuel
can operate at the same power levels (LHGRs) and cycle lengths
is obviously questionable since 235U mass has been reduced (high-
er 235U enrichments probably would be required). Core design is-
sues were not addressed in these analyses.

The ATF LOCA studies indicate that peak cladding tempera-
tures could be reduced (75 �C) simply by replacing the Zircaloy
cladding with a cladding (such as FeCrAl) with a higher volumet-
ric heat capacity, even using UO2 as the fuel. An additional,
although small, advantage (lower PCT) could also be gained by
employing a fuel such as FCM. For the ATF LOCA studies in which
the ECCS injection is delayed or eliminated and thus clad oxida-
tion occurs, peak cladding temperatures could be significantly re-
duced by as much as 225 �C or the time to the peak temperature
delayed by �150 s by replacing the Zircaloy cladding with an oxi-
dation-resistant cladding (such as FeCrAl). With respect to BDB
accidents, higher-melting/lower-hydrogen-producing core com-
ponents WILL NOT preclude a severe accident (SA). There are
no ‘‘silver bullets’’; if core cooling cannot be restored, the SA will
continue. The time for boil off and when the core becomes uncov-
ered is primarily dependent upon the fuel decay heat and not the
sensible heat of the fuel at the start of the accident. Assuming the
decay heat from ATFs is comparable to the traditional UO2–Zr
system, changing the cladding and fuel has a minor impact on
the early stages of a BDBA. It is not until near the start of clad-
ding oxidation where the benefits of ATFs are realized. The use
of ATFs results in an increased margin of time for accident re-
sponse and mitigation measures. This additional time, to restore
core cooling and mitigate the accident, is on the order of an hour
to a few hours. Hydrogen generation, which can exacerbate the
accident, is also slowed by the use of ATFs. This study highlighted
some limitations with the MELCOR code with respects to model-
ing ATFs; these limitations need to be addressed for subsequent
ATF MELCOR analyses.

As for our current commercial nuclear plants, a significant num-
ber of experiments (materials interaction and degraded core) con-
ducted over the past 30 years yielded the current state of
knowledge of the progression of BDB accidents in LWRs with
UO2/Zircaloy cores. In general, the initiation of core degradation
in current cores starts with the failure (via eutectic interactions)
of the control elements, which then propagates into the fuel
assemblies, accelerating the fuel/cladding failure. It is imperative
with the study or introduction of ATFs into nuclear cores that the
influence of all the core components on the core degradation pro-
cess be considered (e.g., the stainless steel control blade with B4C
absorber in a BWR and other RPV stainless steel components).
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Simple scoping models that can be used to evaluate ATF performance under severe accident conditions
have been developed. The methodology provides a fundamental technical basis (a.k.a. metric) based on
the thermodynamic boundary for evaluating performance relative to that of traditional Zr-based clad-
dings. The initial focus in this study was on UO2 fuel with the advanced claddings 310 SS, D9, FeCrAl,
and SiC. The evaluation considered only energy release with concurrent combustible gas production from
fuel–cladding–coolant interactions and, separately, molten core–concrete interactions at high tempera-
tures. Other important phenomenological effects that can influence the rate and extent of cladding
decomposition (e.g., eutectic interactions, degradation of other core constituents) were not addressed.
For the cladding types addressed, potential combustible gas production under both in-vessel and ex-ves-
sel conditions was similar to that for Zr. However, exothermic energy release from cladding oxidation
was substantially less for iron-based alloys (by at least a factor of 4), and modestly less (by �20%) for
SiC. Data on SiC-clad UO2 fuel performance under severe accident conditions are sparse in the literature;
thus, assumptions on the nature of the cladding decomposition process were made in order to perform
this initial screening evaluation. Experimental data for this system under severe accident conditions is
needed for a proper evaluation and comparison to iron-based claddings.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

1.1. Background and objectives

By definition, evaluation of accident tolerant fuel (ATF) must in-
clude an assessment of its performance under severe accident con-
ditions. Although various initiators can be postulated, the course of
severe accident events for a light water reactor (LWR) usually
includes loss of core cooling, core uncovery, heatup, fuel and
cladding degradation and failure, and fission product release.
Essentially, during the course of accident progression, intensive
properties of the core constituents continuously evolve. As a result,
kinetically controlled phenomena alter the physical and chemical
states of core constituents to drive the system toward ever-chang-
ing thermodynamic equilibria.

Experimental studies related to the performance of some con-
stituents of proposed ATF concepts in steam environments at high
temperature and pressure have recently been performed [1,2]. As a
result of these studies, important kinetic parameters have become
available for ATF constituents, such as oxidation rates. Also
recently by inputting these kinetic parameters, preliminary
assessments of ATF performance under severe accident conditions
have been carried out with system-level codes [3]. The objective of
this work is to augment these efforts by developing some simple
metrics for evaluating ATF performance under late-phase accident
conditions, including ex-vessel molten core–concrete interaction
(MCCI). Essentially all the kinetic limitations on time-dependent
transformation of the core constituents at late phase have been
omitted, and a simple thermodynamic boundary condition for such
scenarios is provided. Although conservative in nature, this exer-
cise provides a useful perspective when various ATF concepts are
under consideration to replace the UO2–Zr alloy fuel system in
LWRs. A conceptual timeline that illustrates potential oxidation
pathways for ATFs during a severe accident is shown in Fig. 1.
The fit of the current ranking method into the overall accident se-
quence with respect to time interval is also indicated in the figure.
1.2. Phenomenological effects associated with severe accident
progression

Several phenomenological effects influence the course of events
during a severe accident; sequentially, uncovery of the fuel by
coolant, heatup, physical and chemical degradation, and fission
product release. A few of these key factors are summarized here
to provide an indication of the key elements that need to be
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Fig. 1. Conceptual illustration of potential oxidation pathways for ATFs during a severe accident.
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assessed for ATFs. This list is by no means exhaustive, and much
more detailed discussions pertinent to the current UO2–Zr alloy
fuel system are provided elsewhere [4,5].

The first issue is the potential for endothermic and/or exother-
mic chemical reactions between cladding and coolant and/or clad-
ding and fuel that can influence the fuel heatup rate. For example,
for the traditional UO2–Zircaloy fuel system, oxidation of cladding
by steam/water with the main cladding elemental component (Zr)
is of the form
Zrþ 2H2O! ZrO2 þ 2H2 þ 6:6 MJ=kg Zr ð1Þ

As is evident from Eq. (1), the reaction is highly exothermic.
Experiments have shown that this reaction begins in earnest above
1000–1200 �C [6]; runaway oxidation causing loss of the protective
effect of oxide scales may lead to enhanced oxidation at even lower
temperatures [7]. In this regime the fuel heatup rate is substan-
tially increased by chemical heating.

The second issue concerns the potential for combustible gas
generation by virtue of oxidation reactions. As is evident from
Eq. (1), for the UO2–Zircaloy fuel system two moles of the combus-
tible gas hydrogen are produced per mole of metal oxidized. Com-
bustible gas production can have a very adverse effect on accident
progression, as evidenced by the sequence of events during the
reactor accidents at Fukushima Dai-ichi [8].

The third issue concerns potential eutectic interactions between
the fuel and cladding that can exacerbate fuel degradation and im-
pact the onset of debris relocation. For example, cladding begins to
interact with fuel to form oxygen-stabilized a-Zr(O)/UO2 at
�1900 �C [4]. This point corresponds to the threshold for fuel clad-
ding liquefaction, which can exacerbate fission product release and
begin the process of fuel relocation.

In this work, a simple quantitative metrics methodology, that is,
the thermodynamic boundary limit, is proposed for use in gauging
the relative merits of ATFs for the first two technical issues
discussed above (i.e., chemical reactions and combustible gas
generation), while a brief discussion regarding technical aspects
associated with the third issue is provided. Chemical equilibrium
calculations supported by material interaction experiments are
typically needed to evaluate potential physiochemical effects, as
well as reaction kinetics. These steps are beyond the current scope
of this work.
1.3. Approach of the current assessment

This scoping study focuses on UO2–clad fuels. As advanced fuels
(e.g., TRISO-based fuel forms [9]) are developed for LWR applica-
tions, they will need to undergo evaluation. The analysis approach
is to develop simple analytical models that allow chemical reaction
and combustible gas behavior for advanced claddings to be com-
pared with existing Zr-based cladding. In this assessment, kinetics
and mass limiting effects (such as steam starvation [10]) are
neglected. This yields conservative results (especially for cases in
which the kinetics are limiting; see Fig. 1) regarding chemical
heating and combustible gas generation rates; more sophisticated
models (i.e., codes) are required to account for these effects. How-
ever, simplified scoping models may be used for cross comparisons
across the thermodynamic boundary limit even though limiting ef-
fects may differ widely. To investigate the potential behavior of
nonconventional cladding types such as SiC, limited thermochem-
ical modeling has been performed to scope out possible behavior
under severe accident conditions.

Aside from Zircaloy (Zry), which is taken as the baseline for this
work, the following four potential advanced cladding types were
considered:

(1) 310 SS (51.7Fe + 25Cr + 20Ni + 1.8Mn + 1Si + 0.5P).
(2) D9 (68Fe + 15Cr + 14Ni + 1.5Mn + 1Si + 0.5P).
(3) FeCrAl (72.6Fe + 22Cr + 5Al + 0.2Si + 0.2Mn).
(4) SiC.

Note that D9 is a Ti-modified 316 stainless steel; the small
concentration of Ti (i.e. 0.1 to 0.25 wt%) is not expected to signifi-
cantly affect the results of this study. Zircaloy and Fe-based alloys
undergo oxidation reactions that are reasonably well understood
[1,11], whereas SiC is a relatively new potential cladding type that
requires additional consideration regarding potential fuel–clad and
clad–coolant interactions. Thus, simple metrics for evaluating Fe-
based cladding performance relative to Zircaloy are developed first,
while SiC is addressed separately.
2. Oxidation reactions for Zr- and Fe-based alloy claddings

This work addresses late-phase accident progression involving
substantial core degradation, fuel relocation, and possible vessel
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failure leading to ex-vessel MCCI. During the in-vessel phase of the
accident, cladding will undergo interactions with steam. Under ex-
vessel MCCI conditions, oxidizing gases arising from concrete
decomposition include H2O (from free water and hydroxides) and
CO2 (from carbonates). Metals arising from cladding degradation
that are available for oxidation include Zr, Al, Si, Cr, Fe, and Ni;
these are listed in their expected order of oxidation based on the
stability of their corresponding oxides as they appear in an Elling-
ham diagram [12]. The minor alloy components P and Mn are ne-
glected in this assessment. The amounts of Fe2O3, Fe3O4, and NiO
generated in oxidation reactions (at least for ex-vessel conditions)
are small, so the corresponding reactions are ignored in this work.

With this set of assumptions, the oxidation reactions shown in
Table 1 are considered as part of this study; the reaction enthalpies
are evaluated at 2100 �C. All the reactions are noted to be exother-
mic except the Fe–CO2 reaction, which is slightly endothermic.
3. Potential SiC-based fuel and coolant interactions

SiC is a relatively new cladding candidate material and in order
to assess its potential impact on accident progression, it is worth-
while to examine potential fuel–cladding and cladding–coolant
interactions from a thermodynamics perspective. Relevant findings
from the literature in these areas are also summarized.
3.1. Potential UO2–SiC interactions

Only limited results have been reported on high-temperature
interactions between UO2 and SiC. Knudsen cell studies at CEA
[13] determined that no interaction takes place at temperatures
below 1250 �C and that at higher temperatures (tests performed
up to 1500 �C), urania is reduced to form UxSiy, resulting in evolu-
tion of CO and SiO. More recent tests at ORNL [14] between diffu-
sion couples of UO2 and monolithic chemical vapor deposited
(CVD) as well as chemical vapor infiltrated (CVI) composite SiC
showed no interaction at 500 �C. At 1500 �C, however, significant
interaction was observed in which formation of uranium silicide
carbides was confirmed.

Scoping calculations were carried out for this system with the
commercially available thermochemical modeling software pack-
age HSC. For a given chemical mixture, this tool calculates equilib-
rium compounds as a function of temperature and/or pressure.
Although these types of calculations are valuable in that they indi-
cate the types of interactions that could occur, it is important to
note that they neglect such real-world effects as reaction kinetics
that ultimately determine the extent to which the interactions
actually take place. Second, they assume there are no boundary
effects, such as fuel–cladding interfacial gaps, that can influence
the extent of the interaction. Clearly, these real-world effects will
influence interaction behavior, but their extent can most easily
be quantified through experiments.
Table 1
Metal oxidation reactions (reactions heat evaluated at 2100 �C).

Oxidation sequence Metal Oxidation reactions

1 Zr Zr + 2H2O ? ZrO2 + 2H2 + 6.6 MJ/kgZr

Zr + 2CO2 ? ZrO2 + 2CO + 6.1 MJ/kgZr

2 Al 2Al + 3H2O ? Al2O3 + 3H2 + 14.7 MJ/kgAl

2Al + 3CO2 ? Al2O3 + 3CO + 13.4 MJ/kgAl

3 Si Si + 2H2O ? SiO2 + 2H2 + 15 MJ/kgSi

Si + 2CO2 ? SiO2 + 2CO + 14 MJ/kgSi

4 Cr 2Cr + 3H2O ? Cr2O3 + 3H2 + 2.8 MJ/kgCr

2Cr + 3CO2 ? Cr2O3 + 3CO + 2.1 MJ/kgCr

5 Fe Fe + H2O ? FeO + H2 + 0.04 MJ/kgFe

Fe + CO2 + 0.4 MJ/kgFe ? FeO + CO
Aside from the above general assumptions and modeling limita-
tions, a few other caveats regarding the current analysis are
noteworthy. First, the overall HSC thermodynamic database rele-
vant to this study was not thoroughly reviewed for accuracy and
consistency. However, at the onset of this work a few scoping
calculations were carried out for the UO2–SiC system to look for
physically realistic behavior. The results indicated significant for-
mation of the compound UC1.9 at high temperatures, which did
not seem intuitively correct. On this basis the thermodynamic
input data for this particular compound was checked. This revealed
that the assumed heat of formation for UC1.9 was DH0

f = �23.0 kcal/
mol. This value was found to be in error by 13% from the value of
DH0

f = �20.4 kcal/mol reported in [15]. Thus, the heat of formation
for this compound was adjusted to the value reported in [15] and
the scoping calculations were rerun. As one would expect, much
less UC1.9 was predicted to be formed by use of the lower value
of DH0

f . Thus, the revised thermodynamic input data was used in
the calculations reported below.

It is also important to note that global equilibrium calculations
have not been performed as part of this work. Rather, the UO2–SiC
subsystem is analyzed as part of this initial scoping assessment. In
a more rigorous analysis, fission products as well as H2O would
need to be incorporated to calculate global equilibrium. Finally, it
is noted that the U is assumed to be present as stoichiometric
UO2; in practice, UO2+x will be present. This compound can be re-
duced or oxidized depending upon conditions, which may affect
the results. For UO2+x in contact with SiC, liquid Si is expected to
form.

With this background, the results of the calculations are pro-
vided graphically in Figs. 2–4. These figures show equilibrium
compounds formed at 1 and 7 bar pressures, respectively, and fi-
nally compounds formed as a function of pressure with tempera-
ture fixed at 2500 �C. The elevated temperature for the third case
is selected to bound potential fuel temperatures under late-phase
severe accident conditions in which the fuel has been undercooled
for a significant time. These calculations were carried out for a gen-
eric BWR core composition (for which the fuel rod core/cladding
mass fraction is nominally mclad/mfuel � 0.4) assuming that Zircaloy
cladding and the channel boxes are replaced with SiC on a 1:1 vol-
umetric ratio. The resultant mixture consists of nominally 57 mol%
SiC–43 mol% UO2.

The results indicate that at high pressure and temperature (i.e.,
2500 �C; see Fig. 4), SiC will decompose into elemental Si and C.
This potential scenario assumes the cladding stays leak-tight given
the initial rod pressurization from gaseous fission products. At low
pressures (e.g., 1–7 bar), the results indicate that cladding integrity
is maintained to relatively high temperatures (e.g., 1800–1900 �C).
Above these temperatures, the results indicate that the equilibrium
mixture includes SiO(g) and CO(g) as well as elemental C and Si.

The reaction UO2 + SiC ? U + SiO(g) + CO is quite endothermic
(i.e., �850 kJ at 2000 �C). If SiO(g) and CO can vent from failed fuel
rods, then these gases will continue to evolve since equilibrium
cannot be reached. In a real accident, SiO(g) would be expected
to condense on cooler upper internals. CO is of course noncondens-
able and combustible, but the lower flammability limit (LFL) is
much higher in comparison to H2 (12.5 vol% vs. 4 vol% for H2).
Although combustible gas generation is always deemed a detri-
ment, the fact that CO is much less combustible than H2 is reassur-
ing from a reactor safety viewpoint.

3.2. Potential SiC–H2O interactions

Regarding the potential for SiC to react with steam at elevated
temperature and pressure, several studies performed in combus-
tion or wet air environments have been reported in the literature
[1,16–18]. Oxidation of SiC by water vapor is thermodynamically



Fig. 2. Equilibrium composition vs. temperature at 1 bar pressure.

Fig. 3. Equilibrium composition vs. temperature at 7 bar pressure.
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favored, with the reaction products depending on temperature and
pressure. Although thermodynamics provides minimal guidance
on the reaction rate, it does provide an indication of the favored
reactions. In particular, the reaction favored at lower temperatures
is of the form

SiCþ 3H2O ¼ SiO2 þ COþ 3H2; DG ¼ �360 kJ at 1500
�
C ð2Þ

Although the thermodynamics are favorable, significant oxida-
tion (at least relative to Zr-based alloys) is inhibited by formation
of a protective SiO2 layer, and as long as this film remains intact,
the reaction is inhibited. At higher temperatures the following
reaction is favored:

SiCþ 2H2O ¼ SiOðgÞ þ COþ 2H2; DG ¼ �243kJ at 1800
�
C ð3Þ
As noted, the rate of reaction between SiC and water vapor de-
pends on the formation of a protective vitreous silica layer. Paralin-
ear kinetics occurs as water vapor oxidizes SiC and simultaneously
volatilizes the silica scale [16].

During oxidation at high water vapor pressures, formation of
volatile species from the oxide layer, which further reacts with
steam, reduces the thickness of the protective layer, allowing the
reaction to proceed. In addition, transformation of the silica layer
to a partially non-protective structure has been reported in the lit-
erature [18] in high pressure water. A porous crystobalite scale
forms above the dense silica layer. The porous layer thickness
increases while the vitreous layer thickness remains constant,
leading to a linear reaction rate. With all these considerations, it
should be noted that recent results from CVD SiC oxidation in pure



Fig. 4. Equilibrium composition vs. pressure with temperature fixed at 2500 �C.
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steam suggest that the kinetics of oxidation remains well below
that of Zr alloys (by �3 orders of magnitude) up to 1700 �C [19].

It should be noted that increased pressure tends to inhibit the
formation of gaseous products. However, at 100 bar, SiO(g) will
still form at about 2500 �C. These temperatures are encountered
during accident sequences in which the fuel is uncovered for sig-
nificant periods.
4. Metrics development

As noted at the onset, the principal objective of this work is to
develop simple metrics associated with the thermodynamic
boundary limit for characterizing the performance of ATF concepts
under severe accident conditions in terms of combustible gas pro-
duction and chemical heating effects. To meet this objective, the
following specific assumptions are made:

1. For a given core design, alternative claddings are treated as
replacing traditional Zircaloy on a 1:1 volumetric basis.

2. Calculations are performed on a cladding-mass-per-unit-
fuel-mass basis; thus, the results should be scalable to dif-
ferent core sizes and/or configurations.

3. Calculations are performed for a BWR core configuration;
for example, mclad/mfuel � 0.4. A similar evaluation would
be needed for PWRs, for which this ratio is generally lower.

4. As noted earlier, oxidation reactions are assumed to be lim-
ited by cladding mass; that is, reaction kinetics and steam
mass-limiting effects are not considered.

5. The current focus is on cladding interactions; oxidation of
structural steel and control rod materials are also impor-
tant in accident assessments, but this is beyond the current
scope of this work.

Note that assumption No. 4 is conservative (particularly for
materials that are expected to exhibit slow reaction rates com-
pared to Zr alloys) from the viewpoints of evaluating combustible
gas generation and chemical heating, but it does provide a basis for
cross-comparing different cladding types. Finally (based on the dis-
cussion in Section 3.1), from the viewpoint of evaluating metrics
for SiC, high pressure cladding decomposition into elemental Si
and C is assumed, and oxidation reactions are then evaluated as de-
fined in Table 1. In an actual severe accident with this cladding
type, cladding interactions between both fuel (Section 3.1) and
coolant (Section 3.2) will most likely occur, requiring a more
rigorous evaluation that is beyond the current scope. From the
viewpoint of evaluating hydrogen production, the current assump-
tion is consistent with high temperature decomposition and subse-
quent steam oxidation of SiC cladding (see Section 3.2).

Given the assumed chemical reactions shown in Table 1, for in-
vessel conditions the upper limit on H2 produced by oxidation of
metal cladding constituents is given by

Moles H2 Generated
kg Fuel

� �
¼ 2XZr

MZr
þ3XAl

MAl
þ2XSi

MSi
þ3XCr

MCr
þ XFe

MFe

� �
mclad=mfuelð Þ ð4Þ

where X is the weight fraction of the metal in the cladding, and M is
the molecular weight. Similarly, the chemical heat produced by
complete oxidation of the cladding metals is given by

Energy
kg Fuel

� �
¼ XZrqZr;H2 OþXAlqAl;H2 OþXSiqSi;H2 OþXSiqSi;H2 OþXSiqSi;H2 O

� �
mclad=mfuelð Þ ð5Þ

where q denotes energy liberation for the metal by steam oxidation
(see Table 1). It is worth noting that the above equations can be
generalized for other cladding types that can undergo oxidation
reactions as follows:

Moles H2 Generated
kg Fuel

� �
¼ mclad=mfuelð Þ

X
i

Ni;H2OXi

Mi
ð6Þ

Energy
kg Fuel

� �
¼ mclad=mfuelð Þ

X
i

Xiqi;H2O ð7Þ

where i is the metal constituent, q is oxidation reaction enthalpy
(expressed as MJ/kg metal oxidized), and N is the number of moles
of combustible gas produced per mole of metal oxidized by steam.

For ex-vessel MCCI conditions, both H2O and CO2 gases are lib-
erated by concrete decomposition. These gases sparge through the
molten core material and readily react with any remaining metal
melt constituents. Under these conditions, integral tests have
shown that the reaction rates are generally limited by the rate at
which these gases are liberated by concrete decomposition [20].
The composition of evolved gas is a function of concrete type. To



Table 3
Approximate compositions of various cladding types assumed in the analysis.

Clad type Oxidizable metal content in cladding (wt%)

Zr Al Si Cr Fe

Zircaloy 100 0 0 0 0
SiC 0 0 70 0 0
310 SS 0 0 1 25 51.7
FeCrAl 0 5 0.2 22 72.6
D9 0 0 1 15 68

Table 4
Clad–fuel mass ratios for different cladding types (based
on typical BWR core configuration with Zircaloy clad-
ding replaced on a 1:1 volumetric basis).

Clad type mclad/mfuel

Zircaloy 0.4
SiC 0.2
310 SS 0.47
FeCrAl 0.45
D9 0.49

Table 5
Combustible gas production and chemical reaction heat for various cladding types:
in-vessel conditions.

Clad type H2 production
(mol/kg fuel)

Chemical energy
release (MJ/kg fuel)

Zircaloy 8.79 2.64
SiC 10.0 2.10
310 SS 8.06 0.41
FeCrAl 10.0 0.63
D9 8.42 0.29
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provide an indication of geographical variations, typical data for
different concrete types obtained as part of the ACE/MCCI core–
concrete interaction tests [20] are shown in Table 2.

Under steady state conditions, the volumetric fractions of water
vapor and CO2 evolved from core–concrete interaction for a given
concrete type are given by

FH2O ¼
XH2O=MH2O

XH2O=MH2O þ XCO2=MCO2

; FCO2 ¼ 1� FH2O ð8Þ

where X denotes the weight fraction of the indicated gas in the
concrete. With this background, the corresponding combustible
gas production and chemical reaction heat under ex-vessel MCCI
conditions are given by

Total Moles Combustibles Generated
kg Fuel

� �

¼ mclad=mfuelð Þ FH2O

X
i

Ni;H2OXi

Mi|fflfflfflffl{zfflfflfflffl}
H2 production

þ FCO2

X
i

Ni;CO2 Xi

Mi|fflfflfflfflfflfflfflffl{zfflfflfflfflfflfflfflffl}
CO production

2
6664

3
7775 ð9Þ

Energy
kg Fuel

� �
¼ mclad=mfuelð Þ FH2O

X
i

Xiqi;H2O|fflfflfflffl{zfflfflfflffl}
H2O reactions

þ FCO2

X
i

Xiqi;CO2|fflfflffl{zfflfflffl}
CO2 reactions

2
64

3
75

ð10Þ

To summarize, the current approach for characterizing cladding
performance is to treat in-vessel and ex-vessel scenarios sepa-
rately. For in-vessel conditions Eqs. (4) and (5) are used to charac-
terize gas production and reaction heat, while Eqs. (9) and (10) are
used to evaluate the same quantities for ex-vessel sequences given
the concrete type used in the reactor containment basemat. This
methodology is applied in the next section to assess the relative
performance of various proposed advanced cladding types.

5. Metrics application

To apply the metrics developed in Section 4, the compositions
of various candidate cladding types are needed; this information
is provided in Table 3. The clad-to-fuel mass ratio is also needed;
this information is provided in Table 4 for a typical BWR core con-
figuration with Zircaloy replaced with alternative cladding on a 1:1
volumetric basis. For both in-vessel and ex-vessel conditions,
application of the metrics is relatively straightforward for the ref-
erence Zircaloy case as well as iron-based claddings. However, for
SiC the decomposition products can vary depending upon the ex-
tent of fuel vs. coolant interactions as well as system temperature
and pressure. As noted earlier, in this initial screening it is assumed
that SiC interacts with the fuel at elevated pressure and tempera-
ture such that elemental Si and C are produced. Si is then assumed
to undergo oxidation by H2O/CO2 as outlined in Table 1. The fate of
elemental carbon yielded by cladding decomposition is neglected
in this scoping analysis. In particular, the potential for subsequent
CO/CO2 production by oxidation and the associated heat release
are not evaluated. This point needs to be addressed in more
rigorous evaluations.
Table 2
Typical concrete compositions [6].

Concrete type US geographical
location(s)

(Wt%) H2O (Wt%) CO2

Siliceous (basalt) East coast and west 6.2 1.0
Limestone–common sand Midwest 6.9 21.8
Limestone–limestone South 6.9 33.2
In-vessel combustible gas production and reaction heats evalu-
ated from Eqs. (4) and (5) for the different cladding types are
shown in Table 5, while the same data normalized to the values
for reference Zircaloy cladding (treated as 100% Zr) are provided
in Table 6. The results indicate that hydrogen production with Zr
or with alternative claddings is all similar. For iron-based alloys,
this is not a new revelation [21]. However, chemical reaction heat
(that accelerates fuel heatup) is noted to be considerably less for
iron-based alloys. During a severe accident, reduced chemical heat-
ing will reduce the rate of fuel heatup and thereby afford operators
additional time for intervention. Integral simulations illustrating
this effect have recently been performed [3], and these simple met-
rics are in agreement with these more rigorous predictions. After
SiC decomposes, combustible gas production and chemical energy
release by Si oxidation is noted to approach that of Zr. This predic-
tion is again based on the assumption of high temperature, high
pressure interaction with fuel, and is therefore considered to be a
worst-case scenario. However, data on SiC–UO2 fuel performance
under severe accident conditions is currently insufficient to pro-
vide guidance on a more appropriate modeling approach.
Table 6
Combustible gas production and chemical reaction heat for various cladding types
normalized to Zircaloy: in-vessel conditions.

Clad type Normalized H2 production Normalized chemical energy release

Zircaloy 1 1
SiC 1.14 0.8
310 SS 0.92 0.16
FeCrAl 1.14 0.24
D9 0.96 0.11



Table 7
Combustible gas production and chemical reaction heat for various cladding and concrete types: ex-vessel conditions.

Clad type Siliceous concrete LCS concrete LL concrete

H2/CO production
(mls/kg fuel)

Energy release
(MJ/kg fuel)

H2/CO production
(mls/kg fuel)

Energy release
(MJ/kg fuel)

H2/CO production
(mls/kg fuel)

Energy release
(MJ/kg fuel)

Zircaloy 8.25/0.55 2.62 3.84/4.96 2.51 2.96/5.83 2.49
SiC 9.38/0.62 2.09 4.36/5.64 1.97 3.37/6.63 1.95
310 SS 7.56/0.50 0.40 3.52/4.55 0.30 2.72/5.35 0.28
FeCrAl 9.38/0.62 0.62 4.36/5.64 0.50 3.37/6.63 0.47
D9 7.90/0.52 0.28 3.67/4.75 0.18 2.83/5.58 0.16
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Ex-vessel combustible gas production and reaction heats evalu-
ated from Eqs. (9) and (10) for different cladding and concrete
types are shown in Table 7. The total gas production is noted to
be identical to the in-vessel case because (1) the metal amount
limiting production is the same, and (2) molar gas production is
the same whether H2O or CO2 is the oxidizer (see Table 1). Relative
to Zr, the reduction in chemical energy release for a given alterna-
tive cladding is the same for a given concrete type because of
observation 2. However, as the CO2 (viz. carbonate) content of
the concrete increases, the chemical energy release from oxidation
modestly decreases. This is due to the fact that CO2 oxidation
releases less energy than H2O oxidation. Comparing different clad-
ding types, the same general trends drawn for in-vessel conditions
are noted; that is, gas production is similar to Zr for all cases, while
chemical energy release from oxidation is considerable less for the
iron-based cladding candidates.

6. Summary and conclusions

An initial effort has been made to develop scoping models that
can be used to evaluate ATF performance under severe accident
conditions. The methodology provides a fundamental technical
basis (a.k.a. metric) based on the thermodynamic boundary for
evaluating performance relative to traditional Zr-based claddings.
The initial focus in this study was on UO2 fuel with advanced clad-
dings; the claddings considered were 310 SS, D9, FeCrAl, and SiC.
Additional efforts will be needed for other advanced fuel types
(e.g., TRISO-based fuels) as these are developed. The evaluation
only considers energy release with concurrent combustible gas
production from fuel–cladding–coolant interactions and, sepa-
rately, MCCI at high temperatures. Other important phenomeno-
logical effects that can influence the rate and extent of cladding
decomposition (e.g., eutectic interactions, degradation of other
core constituents) were not addressed in this work.

The results indicate that potential combustible gas production
under both in-vessel and ex-vessel conditions are similar to that
of Zr for the cladding types addressed in this study. For iron-based
alloys, this is not a new revelation. However, exothermic energy re-
lease from cladding oxidation is substantially less for Fe-based
alloys (by at least a factor of 4), and modestly less (by �20%) for
SiC. Reduced chemical heating will result in slower fuel heatup fol-
lowing uncovery and thereby increase the time interval available
for operator interdiction to terminate the accident. Data on SiC-
clad UO2 fuel performance under severe accident conditions is
sparse in the literature; thus, assumptions were made on the
nature of the cladding decomposition process in order to perform
this initial screening evaluation. Experimental data is needed for
this system under severe accident conditions in order to carry
out a proper evaluation and comparison to iron-based claddings.

The current modeling provides simplistic, conservative esti-
mates of combustible gas production and energy release under
severe accident conditions. Thus, the models are best suited for
cross-comparison between different cladding types vs. reliance
on absolute predictions. More sophisticated modeling (i.e., severe
accident codes) is required to evaluate mass limiting and rate
effects that can modify current estimates.
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A dedicated framework for thermo-mechanical analysis of the in-pile performance of SiC/SiC composite
fuel cladding concepts in LWRs has been developed. This analysis framework focuses on cladding and
omits any fuel-cladding interaction and fuel behavior. Since radial expansion of the cladding occurs early
in life for these ceramic structures, fuel-cladding contact is expected to be delayed or eliminated and
therefore it is not considered in this analysis. The analysis inputs recent out-of-pile and in-pile materials
property data and phenomenological understanding of material evolution under neutron irradiation for
nuclear-grade SiC/SiC composites to provide a best-estimate analysis. The analysis provides insight into
the concept design and feasibility of SiC/SiC composite cladding concepts that exhibit significantly differ-
ent behavior than metallic cladding structures. In particular, absence of any tangible creep (thermal or
irradiation) coupled with a large and temperature-gradient-driven irradiation swelling strain gradient
across the cladding, drive development of large stresses across the cladding thickness. The resulting anal-
ysis indicates that significant stresses develop after a modest neutron dose (�1 dpa) and a pronounced
variation across the cladding thickness exists and is opposite to that observed for metallic cladding struc-
tures where swelling or growth strains are either negligible (with small temperature dependence) or
absent. Following this thermo-mechanical analysis, a best-estimate and parametric examination of SiC/
SiC fuel rod cladding structures has been performed using appropriate Weibull statistics to prescribe
basic design guidelines and to begin to define a probable design space.

� 2014 Elsevier B.V. All rights reserved.
1. Introduction

Application of silicon carbide (SiC) in nuclear systems dates
back to the 1960s as nuclear fuel constituents for high-tempera-
ture gas reactors [1,2]. Since that time, SiC materials have been
examined extensively as fuel and structural materials in fission
and fusion systems [3,4], though up to this point have still not
found application outside the original nuclear fuel form. While
structural applications of SiC have been discussed since the early
days of fusion reactors [5], serious discussion and development
were not considered until well after the invention of the continu-
ous SiC-based Nicalon fiber [6]. This continuous fiber, the so-called
NicalonTM SiC fiber, could be fabricated in tow form and textile
woven, allowing composites of chemically vapor infiltrated (CVI)
SiC to be formed. Through the late 1980s and 1990s the aerospace,
fossil energy, and fusion communities pursued development
programs producing and testing myriad composites for thermo-
structural applications [7].

In many ways the development paths in the non-nuclear and
nuclear (fusion) programs over the early decades of SiC composite
development shared similar goals. Early studies recognized the
merits of continuous-fiber over whisker or platelet composite
forms to maximize toughness, and the critical need for and optimi-
zation of the fiber/matrix interphase were studied in detail. For
both high-temperature and irradiation performance, the ceramic-
grade NicalonTM fibers were found to be unstable, due to the pres-
ence of a large siliconoxycarbide phase (>20%). This led to the
development of fibers of successively higher purity and crystallin-
ity such as the current Nicalon Type-S and the Tyranno SA. Issues
related to the poor performance of non-stoichiometric fibers and
forms of SiC and the importance of the fiber matrix interface can
be found elsewhere [8]. For purposes of this discussion [for the
temperatures, doses, and assumed application stress conditions
of a light water reactor (LWR) fuel clad application], it is sufficient
to state that currently only two matrix and two fiber systems are
known to be stable: CVI SiC and nano-powder SiC based (so-called
NITE) matrices and Nicalon Type-S and Tyranno SA fibers.

Outside the nuclear community, SiC/SiC composites have
gained commercial traction for niche applications, especially for

http://crossmark.crossref.org/dialog/?doi=10.1016/j.jnucmat.2014.01.006&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2014.01.006
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http://www.sciencedirect.com/science/journal/00223115
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Nomenclature

k thermal conductivity (W/m K)
R thermal resistivity (m K/W)
q mass density (kg/m3)
a coefficient of thermal expansion (K�1)
Cp specific heat capacity (J/kg K)
T temperature (K)
q heat flux (W/m2)
S swelling
h heat transfer coefficient (W/m2 K)
Tc coolant temperature (K)
ri interior radius
re exterior radius
_ec creep strain rate (s�1)
L clad length
D dose (dpa)
dt time increment (s)
Mr spatial increment (m)

Pe exterior pressure (Pa)
Pi interior pressure (Pa)
E Young’s modulus (1D model) (Pa)
m Poisson’s ratio (1D model) (Pa)
rr;rh;rz radial, azimuthal and axial stress (1D model) (Pa)
er;eh; ez radial, azimuthal and axial strain (1D model)
Ep; Er in-plane and through-thickness Young’s modulus

(2D model) (Pa)
mp; mr in plane and through thickness Poisson’s ratio (2D

model)
G through thickness shear modulus (Pa)
rrr;rhh;rzz;rzr radial, azimuthal, axial, and shear stress (2D

model) (Pa)
err;ehh; ezz; ezr radial, azimuthal, axial, and shear strain (2D model)
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high-temperature hostile environments. Examples include com-
bustor liners and first-stage shrouds of industrial gas turbines as
well as engine components in GE military and commercial aircraft
engines [9]. To date there have been no adoptions or prototype
applications of SiC in commercial or test reactors, though they have
been in the design phase for specialty load-carrying components in
high-temperature gas-cooled reactors, and now boiling water reac-
tor (BWR) fuel assembly channelboxes are being mocked up and
tested [10,11].

Since the Three Mile Island accident, another LWR application
of SiC has been discussed and developed through a number of
privately and government funded avenues. Specifically, a continu-
ous-fiber composite, over-coated with thick chemically vapor
deposited (CVD) SiC, is under consideration for Zr alloy cladding
replacement [12–14]. While some of the benefits will be touched
on in this paper, and have been outlined previously, the irradiation
behavior of the underlying composite constituents are now well
understood [4,8]. However, up to this point reporting on basic ther-
mo-mechanical analyses that would underpin the concept and
potentially the design of the component architecture has been
sparse. Carpenter [15] initially examined the behavior of a PWR
pin with a three-layer SiC cladding (monolith-composite-
monolith) by modifying the FRAPCON fuel performance code [16]
with SiC material property data. While some important observa-
tions were made during his analysis (i.e. radial expansion of the
cladding and development of a large temperature gradient across
the cladding early on in fuel lifetime), assumption of a constant
swelling strain across the cladding thickness (essentially ignoring
the temperature dependence of the swelling) led to miscalculation
of the magnitude and shape of the principal stresses across the
cladding. Another analysis sponsored by the Electric Power Re-
search Institute (EPRI) and carried out with the FALCON fuel per-
formance code [17], inputting similar material property data as
the previous study, concluded that pellet-cladding contact occurs
at high fuel burnups (�60–70 MWd/kg U) and can readily lead to
failure of the cladding [18].

In this paper one-dimensional (1D) finite-difference and two-
dimensional (2D) finite-element methodologies have been used
to assess heat transfer and the mechanical response of SiC/SiC
composite fuel cladding structures subjected to nominal LWR
operating conditions. The analysis was focused on the cladding
and no attempt was made to capture the behavior and evolution
of the fuel pellet. The fuel or gap properties do not affect the heat
flux flowing into the cladding and the value of this parameter can
be fully captured by the rod operating power. In conventional fuel
rods, the pellet experiences cracking shortly after reactor startup.
Accordingly it relocates to become partially in contact with the
cladding. However, this mode of contact does not exert any force
on the cladding. Only after the magnitude of cladding creepdown
and pellet swelling strains add up to the gap thickness a hard con-
tact between the two resulting in force exertion on the cladding
can be assumed. As it will be discussed later in the text, cladding
creep down is absent in case of SiC cladding and instead radial
expansion due to volumetric swelling expands the pellet-cladding
gap. Accordingly, hard contact between the pellet and cladding
inner wall can be neglected as discussed in Section 4.1. Also, a
linear fission gas release rate from the fuel with respect to time
is assumed that is very simplistic yet purposeful as discussed in
Section 2.1.6. Unirradiated and dose-dependent material proper-
ties input to the models are from the latest and most pertinent
experimental data available from high purity SiC fiber/CVI matrix
composites [4,8]. The methodologies are described in detail in
the text and the accompanying appendix to provide complete
clarity and results from the 1D and 2D analyses are presented for
multiple cases with a systematic parametric approach for the
benefit of the reader. Finally, a discussion is offered that provides
a context for the results and the implications for fuel operation.
2. Methodology

2.1. Material properties

To produce an accurate prediction of the thermo-mechanical
behavior of SiC/SiC cladding structures under reactor operating
conditions, an accurate set of unirradiated and dose-dependent
material property data are necessary. In this section various mate-
rial properties that are input to the analytical model are discussed.
2.1.1. Swelling
For discussion purposes, the primary fast-neutron irradiation-

induced phenomenon to consider is swelling. This is the case since
swelling is a measure of the extent of irradiation-induced defects
that are present in the material. These same defects, or others with
a proportional population, are considered responsible for the
evolution of the various material properties, such as thermal con-
ductivity, under irradiation [4]. Accordingly swelling provides a
good basis for discussion of dose-dependent properties in the later
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sections. Given the basic assumption that macroscopic swelling,
isotropic in nature in the absence of any deviatoric stress compo-
nents, originates primarily from the buildup of Frenkel defects in
the lattice in the temperature range of present interest, it is viable
to proceed with a prediction of its magnitude as a function of tem-
perature and dose using basic rate theory equations. This is indeed
the approach demonstrated by Katoh et al. [8,19] to reproduce the
experimental neutron and ion irradiation data in intermediate
temperatures. Briefly, the approach considers vacancies immobile,
and therefore the rate of vacancy population evolution is dictated
by production proportional to dose rate and annihilation via
recombination with migrating self-interstitial atoms (SIAs). There-
fore, given an SIA population at any time, the vacancy concentra-
tion is readily determined. The SIAs are produced at the same
rate as the vacancies; however, their annihilation in addition to
bulk recombination takes place via diffusion to sinks. As supported
by microscopic examinations, the dominant sinks in SiC under
intermediate-temperature irradiations are SIA clusters/loops
[4,20,21]. Taking into account the dose- and temperature-depen-
dent size and population of these loops, the SIA and vacancy
concentrations can be predicted at any given time. These mecha-
nisms dictate a 2/3 dependence of vacancy concentration and
thereby swelling on dose until a saturation is approached. As the
loop density and size increase and the vacancy population builds
up, the system reaches an equilibrium where the recombination
rate equals that of production. This marks the onset of swelling
saturation and is essentially the manifestation of the ‘‘irradiation
induced irradiation resistance’’ mechanism dubbed previously by
Katoh.

Once these basic principles are established, swelling can be
accurately interpolated as a function of dose and temperature be-
tween the available neutron and ion irradiation data. Accordingly,
the spatial dependence of swelling across the cladding thickness
can be modeled. The logarithmic swelling may be expressed as a
linear function of the temperature summed with a linear function
of the logarithm of the dose. Consequently, the formula used for 2D
interpolation of the available experimental data points is the
following:

lnðSnÞ ¼ a1 þ b1Tn þ c1lnðDÞ; ð1Þ

where a1; b1 and c1 are numerical fits to the available experimental
data, D is the dose, and n is the index of the spatial element since
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Fig. 1. Contour map of predicted swelling as a function of temperature and dose
along with some experimental data points (circles) replotted from [4,22].
temperature varies across the cladding height and thickness. The
numerical fits are not global values and are evaluated by fitting
the three sets of experimental data closest to the dose and temper-
ature space of interest with Eq. (1). This approach enables account-
ing for saturation in swelling at high doses. Fig. 1 shows some of the
experimental data points along with the extrapolated contour map
of swelling as a function of temperature and dose.
2.1.2. Thermal conductivity
A large body of work is available on the effects of irradiation on

thermal conductivity of ceramics [23,24,4]. Ignoring electronic
thermal transport at high temperatures, the thermal conductivity
of ceramics can be simply estimated as the inverse of the sum of
thermal resistivities as follows:

1
k
¼ Rm þ Rgb þ RU þ Rid; ð2Þ

where R stands for thermal resistivity and subscripts m; gb, U, and id
designate matrix, grain boundary, Umklapp (phonon–phonon), and
irradiation defect, respectively. Note that the matrix resistivity term
takes into account the effect of defects present in the lattice in the
unirradiated state. The temperature-dependent magnitude of the
first three terms in Eq. (2) can be determined exactly by measuring
the thermal conductivity of unirradiated material. In this study, the
temperature-dependent magnitude of these terms is directly taken
from experimental data for the SA3-PyC150A SiC/SiC composite re-
ported in Ref. [8]. The magnitude of resistance due to irradiation de-
fects depends on the type and density of defects in the lattice that
form as a result of irradiation. As one can recall in the previous sec-
tion, swelling was noted to be a fairly accurate measure of the con-
centration of irradiation-induced defects in SiC. Therefore all that is
necessary for prediction of irradiation-induced defect resistivity is a
proportionality factor between this term and the swelling. These
proportionality factors have been measured following irradiation
for both monolithic SiC and SiC/SiC composites and are reported
in Ref. [4,8], respectively. Incorporation of these experimental data
coupled with the swelling model described earlier into this simple
methodology yields the temperature- and dose-dependent thermal
conductivity values for SiC/SiC specimens in this study. Fig. 2 shows
a map of thermal conductivity for SA3-PyC150A SiC/SiC composite
as a function of irradiation dose and temperature. Note that this
particular composite exhibits a high thermal conductivity when
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Fig. 2. Contour map of SA3-PyC150A SiC/SiC composite through-thickness thermal
conductivity as a function of temperature and dose.



Table 1
Summary of dose and temperature dependence of material properties for SiC/SiC
composite.

Property Dose dependent Temperature dependent References

S Yes Yes [19]
k Yes Yes [8]
a No Yes [4]
Cp No Yes [4]
E;G Yes No [8]
m No No [8]
Ep ; Er Yes No [8]
mp ; mr No No [8]
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compared to more common variants such as Hi-Nichalon Type-S
CVI composite.

2.1.3. Other thermal properties
Other thermal properties that need to be considered are the

coefficient of thermal expansion (CTE) and the heat capacity. The
effect of irradiation on CTE of SiC/SiC composites is known to be
negligible [8]. Accordingly, a baseline temperature-dependent
CTE was used from experimental data provided in Ref. [8]. The heat
capacity of SiC in the monolithic and the composite form is once
again known to be largely independent of irradiation dose. The
experimental values that were plugged into the model were ex-
tracted from Ref. [4].

2.1.4. Mechanical properties
To provide a complete thermo-mechanical analysis of the SiC/

SiC cladding temperature, dose, and the geometrical dependence
of mechanical properties of these composite materials must be
accurately incorporated into the model. Fortunately these data
have become recently available and are included [8]. Consistent
with the previous section, the properties for SA3-PyC150A SiC/
SiC composite have been chosen to be used during the course of
this analysis. As it is the case for monolithic CVD SiC [4], the elastic
and shear moduli are expected to decrease slightly as function of
temperature. The irradiation effects on E and G can again be corre-
lated to the magnitude of swelling (that represents the extent of
defects present in the material), where a slight decrease is also ex-
pected. The directional dependence of the elastic and shear moduli,
as well as the Poisson’s ratio, reported in Ref. [8] is taken into ac-
count for the composite material in the unirradiated state. The
elastic and shear moduli are then adjusted given only the swelling
for the material during the course of model evolution, whereas the
value of Poisson’s ratio is kept constant (the in-plane Poisson’s ra-
tio is assumed to be 0.13 and the through-thickness Poisson’s ratio
is 0.16).

2.1.5. Creep
Thermal creep for SiC cladding structures is ignored in this anal-

ysis since the onset of those processes (>1400 �C) is well above the
temperature range pertinent to cladding operation under nominal
LWR conditions [25]. However, irradiation creep of SiC, although
very limited in magnitude, is active at low temperatures, can play
a small role on evolution of the mechanical state of the cladding
structure and needs to be taken into account. Recent studies by Ka-
toh et al. [26,27] on CVD SiC correlate the irradiation creep strain
rate with the swelling rate with a first-order dependence on the
applied stress. This formulation is adopted for the analysis per-
formed here with details on its implementation discussed in the
following sections. It is worth noting that irradiation creep and
swelling are not fully separate and independent phenomena. In
fact, similar to irradiation growth and creep that are coupled in
Zr alloys, irradiation creep and isotropic swelling of SiC are also
coupled and interdependent. These complex interdependencies
are not well understood and are not captured in the framework
of the current analysis.

2.1.6. Fission gas release
Fission gas release (FGR) remains an area of active research in

the field of nuclear fuel science and engineering and is greatly sen-
sitive to the type and microstructure of the fissile medium as well
as the operating regime [28]. In this analysis a very simple yet pur-
poseful FGR model is employed. Essentially it is assumed that the
rod internal pressure linearly increases as a function of time from
1 to 20 MPa in 2 years. This very simple assumption was employed
to understand the effects of FGR on the mechanical behavior of
cladding in a clear manner. Note that the final value of 20 MPa
constitutes excessive release and is beyond what is typically seen
at end-of-life in LWR fuel pins. However, this value was intention-
ally set to showcase the effects of rod internal pressure once it sur-
passes that of coolant pressure.
2.1.7. Dose- and temperature-dependent properties
Table 1 provides a list of various materials properties used in

this model along with whether temperature and dose dependen-
cies for these properties are taken into account using experimental
data in the applicable references.
2.2. Solution methodology

The Euler implicit scheme was chosen for the discretization of
the heat equation to convert the continuum differential equation
into a set of finite-difference or finite-element equations for the
1D and 2D analyses, respectively. As described in the following sec-
tions, these equations are in turn assembled in sparse matrices and
solved simply given a set of boundary conditions. However, given
the complexity presented by temperature- and dose-dependent
material properties, in order for the simulation to reflect the entire
lifetime of a cladding, a decoupling process similar to that de-
scribed previously [29] was adopted as a compromise between
accuracy and calculation efficiency. The operator splitting
algorithm is depicted graphically in Fig. 3. Essentially the spatial
variation of material properties is taken into account at each
time-step given a first-order extrapolation of those values from
the two previous time-steps (Euler implicit method). Given these
estimated values, the properties are assumed frozen at the current
time-step and the heat equation is then solved. From the new cal-
culated temperature values, the material properties as well as
swelling and creep strain rate are updated for each node/element.
The final task of the algorithm for each time-step is to carry out the
stress calculations. The details and the differences of the analysis
method for the 1D and 2D models are described in detail in the fol-
lowing sections.

The initial temperature profile in the fuel (essentially the initial
condition for the transient analysis) is calculated in the absence of
any irradiation. This is consistent with reactor conditions where
thermal equilibrium across the cladding will be reached long be-
fore any significant effect of irradiation is experienced within the
material. The initial condition is also calculated using the transient
equations starting from a uniform temperature distribution and a
set of boundary conditions consisting of heat flux from the fuel
and convective heat transfer to the coolant. Once the temperature
profile equilibrates under these conditions, it is taken as the initial
condition and the onset of irradiation. The code takes advantage of
an adaptive time mesh to enhance the calculation efficiency. The
time-step increases as neutron exposure builds since the accumu-
lation rate of irradiation effects is expected to decrease. The
implicit discretization scheme described earlier will provide
unconditional L1 stability. This is important in the course of this



Fig. 3. Algorithm utilized during each time-step.
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analysis since an adaptive time mesh is employed and also because
of the very fast drop in thermal conductivity at the beginning of the
irradiation. However, this comes at the cost of a loss of one order of
magnitude in time compared to an optimal Crank–Nicolson [30]
semi-implicit scheme (first- vs. second-order accuracy).

2.3. 1-Dimensional finite-difference model

2.3.1. Heat equation
For the 1D analysis, an infinitely long SiC/SiC composite clad-

ding (empty cylinder) without any volumetric heat generation is
considered. The cladding is considered to be isotropic, homoge-
neous, and azimuthally symmetric. Accordingly, all thermal
properties that are assumed to be temperature and irradiation
dependent (i.e., conductivity, specific heat) are radially and tempo-
rally variable, as shown in Fig. 4.

After the thermal equilibrium is reached and the initial condi-
tion is established, the cladding experiences a constant dose rate
(�10�7 dpa/s [31]) and spatially uniform fluence. Since the thermal
conductivity varies with neutron dose (see Section 2.1.2), the dose-
dependent heat equation is formulated as

@

@t
ðqCpTÞ ¼ 1

r
@

@r
kðDÞr @T

@r

� �
: ð3Þ

Two boundary conditions are imposed on the cladding inner and
outer surfaces. The first boundary condition is a heat flux, q, arriving
Fig. 4. 1D finite-differen
from the fuel pellet to the inner surface of the cladding, as described
by Eq. (4). In the 1D analysis, the incoming heat flux is assumed to
be constant, axially and azimuthally uniform, and is determined by
the linear heat rate (LHR) of the fuel rod. On the outer surface, the
convective heat transfer into the coolant sets the boundary condi-
tion, as shown by Eq. (5). The heat flux is governed by the difference
between the cladding outer surface and the coolant temperatures
and the magnitude of the hydraulic heat transfer coefficient. A typ-
ical value for the heat transfer coefficient ð10;000 W m�2 K�1Þ is as-
sumed [32]. In the 1D analysis, coolant temperature and the heat
transfer coefficient are assumed to be axially and azimuthally uni-
form and constant at their initial value all along the simulation.
These two boundary conditions are realized using two ghost nodes
—— one on the inner surface and the other on the outer surface.

krT
�!
ðr¼riÞ ¼ �q~er; ð4Þ
krT
�!
ðr¼riÞ ¼ �hðTr¼re � TcÞ~er : ð5Þ

These boundary relations are assumed to be valid before and all
during the irradiation of the material, without any change or depen-
dency on the dose rate and the dose experienced by the cladding. At
the onset of the calculation and prior to determining the initial
condition before the start of irradiation, a uniform temperature Tc

is assumed within the entire cladding.
ce analysis scheme.
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2.3.2. Mechanical equations
The cladding geometry in the 1D model remains rotationally

symmetrical and axially infinite, while the composite material is
assumed to be homogeneous and isotropic. As discussed earlier,
Poisson’s ratio is independent of temperature and neutron dose,
whereas Young’s modulus exhibits only dose dependence (there-
fore, in the following, it is considered as a radially variable prop-
erty). The two sources of strain in the cladding are both isotropic
and arise from thermal expansion, due to the temperature gradient
between the outer and the inner surfaces, and from the swelling,
which is directly related to the temperature and dose across the
cladding thickness. Determination of the magnitude of swelling
and thermal expansion coefficient for each radial element is ad-
dressed in Sections 2.1.1 and 2.1.3. The swelling strain at each
direction equals one-third of the magnitude of the volumetric
swelling. This is the case since the swelling phenomenon is isotro-
pic and the resulting strains are small compared to the cladding
thickness. Assuming only a small range of deformation is experi-
enced and the material remains in the elastic regime, the constitu-
tive equations (Hooke’s Law) are as follows:

er ¼
1
E
ðrr � mðrh þ rzÞÞ þ aðT � TcÞ þ

S
3
; ð6Þ

eh ¼
1
E
ðrh � mðrr þ rzÞÞ þ aðT � TcÞ þ

S
3
; ð7Þ

ez ¼
1
E
ðrz � mðrh þ rrÞÞ þ aðT � TcÞ þ

S
3
: ð8Þ

Generalized plane strain condition was assumed in the axial
direction in the 1D analysis. This is a very good assumption for
the majority of the cladding height since the cladding thickness
is roughly four orders of magnitude smaller than its height. The
equilibrium condition and the expression of small deformations
in cylindrical coordinates with displacement vectors lead to the
following:

deh

dr
þ eh � er

r
¼ 0; ð9Þ

1
r2

d
dr

r3 drr

dr

� �
¼ �E

1� m
d
dr
ðaTÞ þ 1

3
dS
dr

� �
: ð10Þ
Fig. 5. Representation of the 1D radial stress boundary conditions.
In order to solve Eq. (10), two boundary conditions are needed that
are provided by the assumptions of axially uniform inner and outer
pressure (Fig. 5). The inner pressure varies as a function of time as
discussed earlier to increase linearly from 1 to 20 MPa at the end of
the analysis. The outer pressure is fixed at that of a typical pressur-
ized water reactor (PWR) coolant pressure of 15 MPa.

rrðr¼riÞ ¼ �Pi ð11Þ

rrðr¼riÞ ¼ �Pe ð12Þ

Using the radial equilibrium condition expressed in cylindrical
coordinates, the azimuthal stress may be inferred from the radial
one by

rh ¼
@

@r
ðrrrÞ: ð13Þ

The axial stress can then be determined using the Saint
Venant’s principle. The assumption of no axial load on the top
and on the bottom of the cladding is used to determine the axial
stress and relies on the fact that in a real reactor the cladding is
free to move along the axial dimension (the cladding is not
constrained axially, as shown in Fig. 6). This is an immensely
important consideration during the course of stress calculations.
If one is to incorrectly assume axial constraint, widely different
results will emerge that will not be representative of the actual
reactor conditions.

The closed pressurized tube with an unconstrained axial
condition implies that the mean axial stress is given by

�rz ¼
R re

ri
rzðrÞrdrR re

ri
rdr

¼ pr2
i ðPi � PeÞ

pðr2
e � r2

i Þ
: ð14Þ

Moreover, because the thickness of the cladding is roughly four
orders of magnitude smaller than the height, it can also be
assumed that the expression of the axial deformation is indepen-
dent of the radius of the element. These assumptions and the
expression of the axial deformation given by Hooke’s law, averaged
on an axial slice of the cladding, lead to the following derivation:

rzðrÞ¼ EðrÞ �ezþmðrrðrÞþrhðrÞÞ�EðrÞ � aðTðrÞ�TcÞþ
S
3

� �
� �rz ð15Þ
Fig. 6. Representation of the 1D axial boundary conditions.



Fig. 7. Cladding mechanical discretization and boundary conditions profile.

Fig. 8. Spatial domain and load distribution in the 2D finite element model. A
depiction of the mesh and node distribution is also shown.
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with

ez ¼ �
R re

ri
mðrrðrÞ þ rhðrÞÞrdrR re

ri
EðrÞrdr

�
R re

ri
EðrÞ � ðaðTðrÞ � TcÞ þ SðrÞ

3 ÞrdrR re

ri
EðrÞrdr

: ð16Þ

Note that the radial dependency of the Young’s modulus is ta-
ken into account in the previous equations while being ignored

during the well-known derivation of Eq. (10). Indeed, if rr
@E
@r

E2 � @S
@r,

Eq. (10) is not subject to change. This condition is verified given

that @S
@r � 1 m�1 and rr

@E
@r

E2 � 10�4 m�1.
Fig. 7 depicts the full discretization scheme for the mechanical

analysis.
2.4. 2-Dimensional finite-element model

2.4.1. Methodology
The 2D simulation is designed to solve the axi-symmetrical

problem of heat conduction and stress calculation without any
azimuthal dependencies. However, unlike the 1D simulation, the
axial dependency was taken in account (i.e., a clad of finite length
is considered), and so it is necessary to perform the analysis in the
radial-axial (r � Z) domain. The projection of one of the wall cross
sections of the annular cylinder in a r � Z model is simply a rectan-
gle. This domain is designated as X, and the boundaries are be
designated as Cext , Cint , and Cend, as shown in Fig. 8.
The heat and stress equations are solved using a finite-element
method. Only triangular elements were used to mesh the domain
X, as shown in Fig. 8, and linear functions (P1) were used to
approximate the solution. Linear triangular elements simplify the
calculation; however, these elements are subject to volumetric
locking for nearly incompressible solid mechanics behavior [33].
Accordingly, this complicates consideration of creep since it consti-
tutes such behavior. Since the magnitude of creep, discussed in
Section 2.1.5, is very limited, these complications are overlooked
and triangular elements are used. It should be noted that a more
cumbersome approach using rectangular elements with second-
order interpolation functions would alleviate these complications.
Further details on the implementation of the finite-element model
and on the mesh are discussed in the Appendix A.

As for the 1D simulation, physical properties are interpolated
using experimental data. Each element of the mesh (the triangles)
was assumed to have constant physical properties. These proper-
ties are determined using the values at the nodes composing the
elements. Thus, for an element j, the physical property Xj is ob-
tained by this equation

Xj ¼
P

xk

3
; ð17Þ

where xk are the values at the nodes of the element j. The xk are cal-
culated using the same extrapolation methodology as the 1D model,
and using the value of temperature and fluence (that are assumed
uniform) within each element.

2.4.2. Heat conduction equation
Boundary condition As for the 1D model, an azimuthally uni-

form heat flux was considered at the inner surface of the clad
Cint , and a convective heat transfer with water at the temperature
Tc on the outer surface Cext . No heat transfer was allowed at the
cladding ends. These boundary conditions are summarized in the
following equations:

kr
�!

T ¼ �q~e on Cint; ð18Þ

kr
�!

T ¼ �hðT � TcÞ~e on Cext; ð19Þ

r
�!
¼ 0 on Cend: ð20Þ
The 2D model is capable of taking into account axial variations

in the incoming heat flux and coolant temperature. Indeed, in a
reactor the heat flux is likely to be high at the rod center while
coolant temperature rises upward.

Weak formulation To solve the heat equation using the finite-
element method, the weak formulation of this equation has to be
established as in [34]. The local heat equation is straightforward:

qCp
@T
@t
¼ kMT: ð21Þ

Consistent with the previously described methodology, an im-
plicit Euler scheme was chosen for temporal discretization, offer-
ing an unconditionally stable solution for the L1 norm. This leads
to this incremental equation:
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ð�kdtMþ qCpÞTnþ1 ¼ qCpTn: ð22Þ

Here dt represents the time-step and Tn the temperature at the nth step.
After multiplying this equation by a function v 2 H1ðX� 0; 2P½ �Þ and
using the integral in the domain X� 0; 2P½ �, one arrives atZ

X� 0;2P½ �
ð�kdtMþ qCpÞTnþ1vdV ¼

Z
X� 0;2P½ �

qCpTnvdV : ð23Þ

Using the Green Theorem, the Von Neumann boundary condi-
tions in Eqs. (18) and (20), and the Robin condition given in Eq.
(19), the following result is determined:Z

X� 0;2P½ �
k dtrTnþ1rvdV þ

Z
X� 0;2P½ �

qCpTnþ1vdV

¼
Z

X� 0;2P½ �
qCpTnvdV þ

Z
Cint� 0;2P½ �

dt qvdS

þ
Z

Cext� 0;2P½ �
dt hTcvdS�

Z
Cext� 0;2P½ �

dt hTnþ1vdS: ð24Þ

Then, given azimuthal uniformity for any radial coordinate, r, the
boundary value problem reads as follows: Seek Tnþ1 2 H1ðXÞ such
thatZ

X
kdtrTnþ1rv rdXþ

Z
Cext

dt hTnþ1v rdlþ
Z

X
qCpTnþ1v rdX

¼
Z

X
qCpTnv rdXþ

Z
Cint

dt qv rdlþ
Z

Cext

dt hTcv rdl; v 2 H1ðXÞ:

ð25Þ

According to the Lax–Milgram Lemma, a weak solution exists for
Tnþ1. Then using a Galerkin discretization, which is explained in de-
tail in Appendix A, the solution can be approximated as

ðdtA1 þ B1ÞTnþ1 ¼ dtb1 þ B1Tn; ð26Þ

where A1; B1, and b1 are two matrices and a vector, as described in
Appendix A. The matrix calculations are implemented with Matlab,
and the resolution of the linear Eq. (26) takes advantage of the LA-
PACK library. Sparse matrix descriptions are used appropriately for
A and B in order to enhance the calculation efficiency.

2.4.3. Stress equations
Boundary condition As noted earlier, the boundary conditions

for the stress calculations are extremely important and can
strongly affect the stress profile. The 2D simulation is a good meth-
od used for benchmarking the accuracy of the 1D model, in partic-
ular the Saint Venant assumption on the axial direction. Otherwise,
the stress boundary conditions are exactly the same as the 1D
problem:

r:n ¼ �Pi � n on Cint; ð27Þ

r:n ¼ �Pe � n on Cext; ð28Þ

r:n ¼ �Pe � n on Cend; ð29Þ

where r is the Cauchy stress tensor and n is the normal vector. The
cladding is assumed to be entirely free to move. To handle an iso-
static problem, and given azimuthal symmetry, the axial displace-
ment of the bottom left-hand corner node follows a Dirichlet
condition:

uzðDirichlet NodeÞ ¼ 0: ð30Þ

This assumption, as shown in Fig. 8, will essentially just prevent the
cladding from translating axially.

Weak formulation The stress problem is considered in small
displacement and in small deformation. The displacement vector
u is only described by its radial and axial component:
u ¼
ur

uz

� �
: ð31Þ

In the cylindrical coordinates, the deformation tensor can be
written using Voigt representation:

e ¼

err

�hh

ezz

2erz

0
BBB@

1
CCCA ¼

@ur
@r
ur
r
@uz
@z

@uz
@z þ

@ur
@r

0
BBBB@

1
CCCCA: ð32Þ

The thermal expansion and the swelling are supposed to be isotro-
pic and may be written as

eT ¼ aðT � TcÞ

1
1
1
0

0
BBB@

1
CCCA; eS ¼ S

3

1
1
1
0

0
BBB@

1
CCCA; ð33Þ

and consistent with other properties, they are assumed to be con-
stant within each element.

Contrary to the 1D model, the 2D analysis takes into account
irradiation creep. For the study, the range of temperature is likely
to be between 300 �C and 500 �C and the range of dpa (displace-
ment per atom) between 0 and 10 dpa. According to [27], the
creep strain rate is proportional to the swelling rate and the stress
via

_e ¼ K _Sr: ð34Þ
Since creep is a constant volume phenomenon, the flow rules leads
to

_ec ¼ K _Sr0; ð35Þ

where r0 is the deviatoric stress tensor,

r0 ¼ r� 1
3

TrðrÞ

and K is a theoretically temperature-dependent constant, which is
kept constant in the study ðK ’ 0:55� 10�10 Pa�1Þ. Using the impli-
cit methodology, the creep strain, constant within each element, at
the time step n is obtained with the creep strain rate of the time
step n� 1:

ec
n ¼ ec

n�1 þ KðSn � Sn�1Þrn�1
0: ð36Þ

The stress follows the Hooke’s law:

r ¼ CðeðuÞ � e0Þ; e0 ¼ ec
n þ eT þ eS: ð37Þ

The stiffness tensor C depends on the properties of the specific

material. 1D, 2D, and 3D composites have different stiffness tensors.
Furthermore, the fabrication process is also important for the
mechanical behavior. The code uses by default a 2D composite
(Fig. 9) which is wound around the clad. Thus C�1 can be explicitly

defined by common mechanical properties defined in the
nomenclature:
C�1 ¼

1
Er

� mpr

Er
� mpr

Er
0

� mpr

Er

1
Ep

� mp

Ep
0

� mpr

Er
� mp

Ep

1
Ep

0

0 0 0 1
G

2
666666666664

3
777777777775

: ð38Þ
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Fig. 9. Design description of a 2D SiC/SiC cladding.

Table 2
Set of input parameters for the 1D and 2D benchmark analyses.

h 10,000 W/m2 K
Tc 573.15 K
q (linear heat rate) 350 W/cm
Pi (initial) 1 MPa
Pi (final) 20 MPa
Pe 15 Mpa
ri 4.18 mm
Dose rate 1� 10�7 dpa=s
Study duration 6:1� 107 s � 2 years
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The virtual work principle is then used to build the weak formu-
lation using the H1

DðXÞ space [35]:

w 2 H1
DðXÞ :¼ w 2 H1ðXÞjw ¼ 0 on Dirichlet Node

n o
: ð39Þ

Therefore, the displacement vector is the solution of the following
equation: Seek u 2 H1ðXÞ � H1

DðXÞ such thatZ
X
eðvÞ : CðeðuÞ � e0ÞrdX

¼
Z

Cint
Piðv � er

�!
Þ rdlþ

Z
Cext

�Peðv � er
�!
Þrdl; v 2 H1ðXÞ � H1

DðXÞ

ð40Þ

According to the Lax–Milgram Theorem and the Korn’s inequal-
ity, the solution exists. u is also approximated using the Galerkin
method:

A2u ¼ b2; ð41Þ

where A2 and b2 are a matrix and a vector, respectively, and are cal-
culated in Appendix A. Similar to the 1D methodology, the sparse
matrices in Eq. (41) are calculated using the LAPACK library in
Matlab.

3. Results

Results from the 1D and 2D simulations are presented in this
section to assess the time-dependent thermo-mechanical behavior
of the LWR SiC/SiC composite cladding under irradiation. The reli-
ability of the different simulation strategies is also examined here.
Initially, the accuracy of the 1D finite-difference model was bench-
marked against the analytical solutions of heat and stress
equations given a constant set of physical parameters and its ade-
quacy was confirmed. As will be shown in Section 3.3, the results
from the 1D and 2D analyses can be benchmarked against one an-
other without a major discrepancy. This was the case even though
completely different analytical strategies were utilized between
the finite-difference and finite-element sets of analyses.

For the sake of consistency, the results presented in the follow-
ing sections are obtained using a set of simplified input parameters
presented in Table 2. The study duration is limited to 2 years (as
opposed to typical 4.5 years residence lifetime for conventional
LWR pins) since early stage phenomena involving evolution and
saturation of swelling (occurring at �1 dpa or 0.3 years) are the
important factors under study here. Once swelling saturation oc-
curs, the cladding material properties are no longer subject to
change and the only driver for further evolution in thermo-
mechanical behavior of the cladding is the rod internal pressure.
The simple assumption of linear increase in rod internal pressure
provides clear trends while enabling useful observations in the
span of this 2-year study. The dose and temperature dependence
of the physical properties is taken into account per earlier discus-
sions, as summarized in Table 1.

3.1. 1D simulation results

Fig. 10 shows the results of the 1D analysis that captures the
evolution of temperature and various components of stress for dif-
ferent cladding thicknesses as a function of time. Specifically, time
evolution of the values at the inner and outer radii is plotted.

The temperature inside the cladding tends to increase due to
the drop in thermal conductivity (caused by the irradiation). This
phenomenon is more pronounced for the thicker cladding, which
presents a larger thermal resistance for heat conduction. Note that
Fig. 10 shows the temperature at the outer surface decreasing with
an increase in cladding thickness. This is simply due to an increase
in the outer surface, which improves the convective heat transfer
process given a constant heat transfer coefficient employed in this
analysis. Initially, the gradient of temperature across the cladding
(governing the differential thermal expansion across the thickness)
determines the axial and azimuthal stress profiles. However, as the
material experiences irradiation, the swelling strain develops,
which significantly alters these stress profiles. Since the magnitude
and the rate of swelling decrease with increasing temperature, the
cladding experiences larger swelling strains at the outer surface at
the onset of irradiation. This will increase the tensile stress compo-
nents at the inner radius of the cladding. The saturated swelling
strain, being roughly an order of magnitude larger than the ther-
mal expansion strains, will induce complete rearrangement of
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Fig. 10. Time evolution of stress and temperature as a function of time and cladding thickness. Note that ri is fixed at 4.18 mm.
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the stress profile. Specifically, this results in inversion of axial and
azimuthal stress profiles across the thickness, as shown in Fig. 11.
The saturation of the swelling results in saturation of material’s
thermal resistivity, after which the cladding temperature profile
does not experience any further change. The axial and azimuthal
stress on the other hand will continue to increase due to the fission
gas release. Fig. 10 also indicates that the axial and azimuthal ten-
sile stresses tend to increase with an increase in cladding
thickness.
At the end of life, the maximum tensile stress is the azimuthal
stress on the outermost surface of the cladding. This is partially
driven by the increase in the internal gas pressure (20 MPa at the
end of the simulation). In fact, without the high internal gas
pressure and assuming no fuel-cladding contact, the azimuthal
stress would be only compressive for the thin cladding (thickness
<0.7 mm) since the coolant exerts hydrostatic pressure on the
cladding. Nevertheless, even without excessive fission gas release,
a tensile axial stress remains that is largely independent of the
pressure differential across the cladding and instead is a function
of temperature and swelling gradients across the cladding thick-
ness. Fig. 11 shows the radial, axial, and azimuthal stress profiles
across the thickness at the beginning-of-life (BOL) and at the end
of a 2-year irradiation period for a 580-lm-thick cladding.
3.2. 2D simulation results

3.2.1. Uniform heat flux and coolant temperature
The results from the 2D finite-element analysis prove consistent

with the 1D finite-difference results. Except at the very end of the
cladding, the solutions to temperature and stress show no axial
dependency, as shown Fig. 12. This implies that the treatment of
the unconstrained axial condition in the 1D analysis is adequate
for the 4-m-long cladding. The time evolution of the temperature
and stress profiles at the middle of cladding follow the same
behavior as the results obtained from the 1D analysis. However,
the axial and azimuthal stresses relax at the ends of the cladding,
as shown in Fig. 13, since the material is less constrained and
has the freedom to elastically deform (essentially approaching
plane stress conditions). Another difference is the presence of



Fig. 12. 2D cat the middle of the cladding and at the end of life (6 dpa). ri ¼ 4:18 mm;re ¼ 4:76 mm;L ¼ 4 m.

Fig. 13. 2D stress profiles at the end of the cladding and at the end of life (6 dpa). ri ¼ 4:18 mm;re ¼ 4:76 mm;L ¼ 4 m.
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shear stress at the end of the cladding (Fig. 13) due to the fact that
exterior of cladding expands more than the interior (swelling
gradient). Therefore, at the end of the cladding a small axial defor-
mation is observed, as shown in Fig. 14. This deformation (shear
deformation) is quite small and leads to small shear stresses.
3.2.2. Variable heat flux and coolant temperature
Another set of simulations were carried out to take advantage of

the 2D-finite element method taking into account axial variations
in heat flux and coolant temperature profile. The time-dependent
heat flux and coolant temperature profiles were from an actual
experimental PWR rod irradiated under OSIRIS-R3 experiment
[36]. Specifically, the data were from ‘‘father’’ rod K11, and the sec-
tion was identified as K11-5. Fig. 15 shows the profiles after 1 year
of irradiation). The maximum LHR during this test was �200 W/
cm.

Fig. 16 shows the stress profile and temperature profile through
the clad after 1 year (�3 dpa). The results of this simulation indi-
cate that nonuniform power and coolant temperature profiles do
not significantly alter the behavior of the cladding from that of
uniform power and coolant temperature. Despite a change in the
temperature (which follows the power and coolant temperature
profiles) and in the radial stress (which follows the power profile
but remains compressive), the axial and azimuthal stress distribu-
tions are similar to the case under which the power profile is
uniform.
3.3. Comparison

An important result for consideration is the change in the
dimensions of the cladding in the radial and axial directions. Radial
displacement, simply calculated using azimuthal strain, is a key
parameter both on the inside since it alters the fuel-cladding gap
and on the outside since it changes the pitch-to-diameter ratio be-
tween the rods. Fig. 17 shows the effects of temperature and swell-
ing, both leading to increased interior and exterior radii. The initial



Fig. 14. Depiction of the deformation at the end of the cladding (deformation is
magnified).
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decrease in cladding radius due to the large coolant hydrostatic
pressure is small compared to these values. Moreover, the effect
of swelling is stronger than the thermal expansion because the
outer surface expands more than the inner surface, whereas its
temperature is lower. When comparing the finite-difference and fi-
nite-element analysis results, the 2D methodology produces a
slightly smaller increases in the radii as compared to the case for
the 1D method. This is the case since the 2D simulation takes in ac-
count the creep phenomenon, which reduces the radius due to out-
er pressure.

The axial growth, a well-known phenomenon for Zr alloy clad-
ding [37], should also be considered. For the SiC/SiC composite, the
axial growth arises mainly from the isotropic swelling. As the sat-
urated volumetric swelling is �1.5% in this temperature range, ax-
ial growth on the order of 1

3 of that value is expected. The 1D and 2D
simulation, in good agreement, reproduce this expectation ade-
quately, as shown in Fig. 18.

Finally, a comparison between the results of stress calculations
in 1D and 2D simulations is performed. The absolute error
(r2D � r1D) is plotted in Fig. 19. 2D and 1D simulations do in fact
predict similar stresses, while the absolute error in the azimuthal
stress distribution is greater due to the larger absolute values.
The main source of this discrepancy arises from neglecting to take
into account the creep phenomenon in the 1D model. The maxi-
mum relative error is roughly 10%. This figure also shows that
the 1D model tends to overestimate the tensile stress. However,
since the 1D simulation is much faster than the 2D simulation
and more conservative, it appears as the appropriate choice for
parametric studies.
4. Discussion

4.1. Pellet-cladding gap

During the course of this analysis, the behavior of the fuel pellet
was never considered. Essentially the inner surface of the cladding
was never considered to come in contact with the pellet. The appli-
cability of this assumption needs to be verified, and it is clearly a
function of initial gap thickness and the swelling rate in the pellet.
Pellet-cladding contact in conventional UO2–Zr alloy clad fuel is a
well-recognized phenomenon that takes place at 30–40 MWd/
kg UO2 burnup due to the combined effects of cladding creepdown
and fuel pellet thermal expansion and subsequent swelling. In the
case of SiC/SiC composite, as reported previously [15,18], the clad-
ding instead swells to expand radially and does not experience any
tangible creepdown under the pressure differential across the cool-
ant to the rod internals. Therefore, the evolution in the pellet-clad-
ding gap is the sum of cladding radial expansion and fuel pellet
swelling. If one assumes a constant swelling rate on the order of
0.75% per 10 MWd/kg UO2 burnup for the urania pellet (ignoring
initial in-pile densification), the following estimates in gap size
evolution as a function of initial gap size (after pellet thermal
expansion) and fuel burnup can be made, as shown in Fig. 20.

As indicated in Fig. 20, initially the gap rapidly expands due to
swelling of the SiC cladding. As an example this is shown using an
arrow for an initial gap thickness of 60 lm that approaches nearly
80 lm at a fuel burnup of approximately 5 MWd/kg UO2. After the
cladding swelling saturates early in life, pellet swelling reduces the
gap at a constant rate. For the example case of 60 lm initial gap
thickness, the resulting gap at 60 MWd/kg UO2 fuel burnup is
approximately 20 lm. Note that the gap size evolution is remark-
ably different in the case of SiC cladding when compared to what is
expected for Zr alloy cladding. This simple analysis implies that if
an initial gap larger than 40 lm is assumed (again, post pellet ther-
mal expansion), the pellet cladding gap never fully closes through-
out the fuel lifetime. This result is clearly oversimplified since a
constant pellet swelling value is assumed and fuel relocation is ig-
nored. However, the overall trend is indeed applicable to draw a
number of general conclusions.

First, pellet-cladding mechanical interaction (PCMI) and fuel
behavior under reactivity insertion accidents (RIAs) are expected
to be positively influenced. Essentially, lack of or any delay in
gap closure will reduce the susceptibility of the cladding to PCMI
mode failure under power ramps or RIAs. On the other hand, the
second consideration relates to the temperature profile in the pel-
let that is expected to be adversely affected. An already larger tem-
perature drop across the cladding is now added to a large thermal
resistance across the gap that is set to rapidly increase at the early
stages of the fuel lifetime. Accordingly, the entire fuel temperature
profile is shifted upward, which in turn further reduces fuel ther-
mal conductivity (more Umklapp scattering), affects pellet swell-
ing rate, and results in more fission gas release [15]. These
complex effects need to be carefully considered, and a complete
analysis is needed to ensure the fuel meets its operational safety
envelope [38].
4.2. Failure probability for SiC/SiC composite cladding

The main purpose of this study is to provide a framework for
analysis of the thermo-mechanical behavior of SiC/SiC composite
cladding for LWR fuel rods. Now that this framework is in place,
the stress results determined within the elastic domain can be



Fig. 16. 2D stress and temperature profiles after 1 year into irradiation of K11 rod using nonuniform power and coolant temperature profiles.
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used to assess the failure probability of the cladding under nominal
operating conditions. In contrast to the failure mechanism of
metallic cladding, SiC exhibits brittle fracture and therefore a broad
distribution in its failure stress. Yet the failure mechanism proves
even more complicated for the SiC/SiC composites. As it is ex-
plained by Nozawa et al. [39], the matrix of the SiC/SiC composite
experiences substantial micro-cracking at a stress of �70% of the
proportional limit stress (PLS) that is reached well below the ulti-
mate tensile strength (UTS). This is the case since the matrix SiC
with a higher Young’s modulus than that of SiC fiber is the domi-
nant carrier of the load at small strains. Once stresses near the
PLS are reached, the matrix cracks (starts to open) and the load
is then transferred onto the fibers, which endure it up to UTS.
Therefore it is unclear which one of these stress limits (true matrix
cracking stress or UTS) constitutes failure for LWR SiC/SiC cladding.
It is also noted that, inherent to the processing of the composite,
microcracks potentially exist in the as-fabricated state, serving as
potential sites for future crack growth. If one considers SiC/SiC
composites for structural components within the core, UTS would
be an appropriate parameter to set the failure criterion. However, it
is likely that interconnected matrix micro-cracking will be
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intolerable for fuel cladding applications where fission product re-
lease into the coolant or water ingress into the rod is not allowed.
Accordingly, PLS (if not the true matrix cracking stress at �70%
PLS) of the SiC/SiC composite cladding is deemed more appropriate
to set the failure criterion for cladding applications.

According to Ref. [8], PLS seems to follow a Weibull distribution
(other distribution functions could also prove applicable). Note
that in this analysis a two-parameter Weibull is considered.
Whether a translated Weibull distribution (three-parameter) is
applicable is not known at this point, and such a distribution is
not considered in this analysis. The Weibull statistics dictate that
the probability of failure initiated from a bulk defect is given by
the following equation:

P ¼ 1� exp � 1
V

Z
X

r
r0

� �m

dv
� �

; ð42Þ

where V is the characteristic volume, m is the Weibull modulus
(shape parameter), and r0 is the characteristic strength (scale
parameter). The following result is obtained in a parametric manner
with r0 varying between 50, 100, and 150 MPa and m kept constant
at 7. These values are representative of what is reported by Ref. [8]
and can vary across various SiC/SiC composites. Note that normali-
zation against a characteristic volume was not performed since the
applicability of this approach for SiC/SiC composites is not likely. It
is important to note that the failure probability analysis provided in
this paper is simplistic and that a more sophisticated approach con-
sidering confidence intervals for Weibull parameters and the vol-
ume effect may likely result in further, significantly reduced
design allowable stresses.

Fig. 21 shows the instantaneous failure probability as a function
of time due to axial and azimuthal stress, separately. Although
cumulative failure probability is the relevant parameter for day-
to-day operation, the instantaneous probabilities provide insight
with regards to critical periods during operation. A band of fuel
failure rate probability associated with today’s Zr alloy clad LWR
pins is also shown in the figure for the sake of comparison [40].
Note that the mechanisms of fuel failure between these two clad-
ding systems are likely to significantly differ.

As expected, the stress-related failures appear later in cladding
lifetime triggered by the increasing internal rod pressure due to
the assumed FGR. Earlier in life, at least for the thin cladding
(�600 lm), the stresses are largely compressive and cannot jeopar-
dize the integrity of the cladding. The onset and magnitude of the
increase in axial and azimuthal tensile stresses are quite important
and strongly depend on the cladding geometry. As the cladding
thickness increases, the larger temperature drop across the clad-
ding results in a steeper swelling gradient. This in turn induces
large tensile stresses at the cladding inner surface early in life.

The cladding geometry (essentially inner radius and thickness)
plays a major role in cladding integrity during the fuel lifetime. In-
deed, it will affect the heat flux at the inner surface at a constant
LHR and the temperature distribution within the cladding. As
Fig. 22 shows, the failure probability due to axial stress has a
strong dependence on thickness and is governed by the swelling
gradient across the cladding. Also a slight dependence on the inner
radius due to a change in heat flux is noted.

The instantaneous failure probability due to axial stress in-
creases exponentially with thickness and tends to be smaller with
a smaller inner radius. The instantaneous failure probability due to
azimuthal stress proves more complicated to interpret, as Fig. 23
suggests.

At a constant thickness, as the inner radius increases it tends to
increase the failure probability. This is simply explained by the thin
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tube approximation (rh ¼ PR
d ). The variation in the maximum

instantaneous failure probability with thickness shows a minimum
around 600–800 lm. While the increase in the thickness will allow
the cladding to resist the large internal pressure at the end-of-life
(EOL), it will also increase the magnitude of swelling strain, by
resulting in higher temperature and therefore swelling gradients.
The �600–800 lm thickness represents a condition where these
two effects have reached an optimal balance. Other parameters
also affect the failure probability. As shown in Fig. 24, the rod inter-
nal pressure at the EOL has a strong effect on the failure probability
due to the azimuthal stresses. If the rod internal pressure remains
below the coolant pressure, axial stress is the dominant driver for
cladding failure. This is in fact what is expected from majority of
LWR rods within their lifetime. However, once the internal pres-
sure exceeds the coolant pressure, failure probability due to azi-
muthal stress becomes important and can exceed that of the
axial pressure.
The linear heat flux arriving from the fuel into the cladding in-
ner surface impacts the axial and azimuthal failure probabilities in
a complex manner, as shown in Fig. 25.

On one hand, an increase in the LHR will produce a steeper tem-
perature gradient that in turn increases the swelling gradient and
therefore the stress. As noted earlier, this effect will be even more
pronounced for more common Type-S fiber SiC/SiC composites that
exhibit a significantly lower thermal conductivity than the high-
thermal conductivity SA3-PyC150A composite examined in this
study. On the other hand, however, a larger LHR will raise the
mean temperature across the cladding and decrease the overall
magnitude of the swelling and therefore the stress. In mathemati-
cal terms one can differentiate Eq. (1) to elaborate further on this
point, as shown in Eq. (43).

rS / b1rTeb1T ð43Þ

Since b1 is a negative number, it implies that the swelling gradient
is opposite and proportional to the temperature gradient. In the
meantime, as the mean temperature increases, the exponential
term in Eq. (43) drives down the overall magnitude of the swelling
gradient. Note that a maximum of failure probability exists at
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�400 W/cm for both azimuthal and axial stresses, as shown in
Fig. 25.

4.3. Design considerations for SiC/SiC composite cladding

Given the previous set of results and discussions, consideration
of the following points are worthwhile toward optimization of the
thermo-mechanical behavior of a SiC/SiC composite cladding:

� Maximum of tensile stress is located at the inner surface of
the cladding as the fuel lifetime evolves.

� Even for thin claddings (�600 lm), the temperature
increase across the thickness proves substantial (even for
the high thermal conductivity composite structure consid-
ered in this study). For instance, given an LHR of 350 W/cm,
the temperature drop across the cladding is in the range of
150–250 �C (for Zr alloy cladding this would be �40 �C).
This will shift up the overall fuel temperature and exacer-
bate fission gas release.

� An immediate need exists to better understand failure
modes and their associated statistical trends (whether
related to fission product release or structural damage)
for SiC/SiC composites to enable better informed design
analyses.

� By ensuring that the internal rod pressure does not exceed
the coolant pressure (15 and 7 MPa for PWRs and BWRs,
respectively), failure probability due to azimuthal stress
for a thin cladding (�600 lm) will be limited in magnitude.
If rod internal pressure is set to exceed this value an opti-
mized thickness exists that limits failure probability due
to azimuthal stress.

� If the rod internal pressure remains small, the axial failure
probability can be limited by choosing a cladding that is
less thick (assuming viable fabricability and handling
methods exist).

� The inner radius and the rod height are bound to expand
and increase under irradiation. Cladding growth of �2 cm
does not appear to be a limiting factor in design. However,
the increase in the pellet-cladding gap requires sound con-
sideration to fully grasp the effect on fuel pellet tempera-
ture profile and the extent of fission gas release.

5. Conclusions

A multi-module framework for analysis of the in-pile perfor-
mance of SiC/SiC composite fuel cladding concepts in LWRs has
been formulated. The formulation is based on basic equations
and is discussed in detail both for the 1D finite-difference and
2D-finite element modules. The analysis framework only considers
the cladding and omits any fuel-cladding interaction since radial
expansion of the cladding early in life is expected to delay or elim-
inate the latter. The analysis inputs recent out-of-pile and in-pile
materials property data from nuclear-grade SiC/SiC composites to
provide a best-estimate analysis. The material property data can
be varied across the full spatial extent of the cladding to take into
account variable time evolution and directional effects. The 2D
module is also capable of inputting axially variable power and
coolant temperature profiles to investigate integral performance
of a full LWR pin.

This framework is expected to serve as a useful tool during con-
cept design and feasibility studies of SiC/SiC composite cladding
concepts and to guide the development activities. Some parametric
results are discussed that point to a largely different thermo-
mechanical behavior than what one expects in the conventional
Zr alloy cladding of LWR fuel pins. This is due to the fundamentally
different processes that govern the evolution of these different
materials under irradiation. The results of the parametric
thermo-mechanical analyses are then coupled with best-estimate
Weibull statistics distributions to predict fuel failure probabilities
for SiC/SiC composite cladding structures. These probabilistic
trends are then used to prescribe basic design guidelines.
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Appendix A

Mesh The 2D-simulation takes advantage of the built-in mesh
generator in Matlab. While advanced commercial fuel performance
codes such as FALCON [17] use rectangular elements and quadratic
interpolation functions, in this analysis the mesh is composed of
triangular elements and uses linear interpolation functions. This
was done to simplify the code and enhance computational effi-
ciency. Since triangular elements contain only three nodes, the
interpolation function and the gradient of this function are easier
to estimate. Since the weak formulation of the equations did not
involve any second-order term, linear interpolation functions were
appropriately and efficiently used.

The meshing scheme for the 2D simulation needs to imple-
mented efficiently in order to optimize for the large aspect ratio
of the cladding cross section in the RZ domain. To take into account
the large radial gradients in the variables of interest, the radial
nodes shall be at least an order of magnitude smaller than the clad-
ding thickness (� 1 mmÞ. In that case, if a uniform mesh were to be
used, given the large length of the cladding (� 4 mÞ, the mesh
would consist of millions of nodes.

Since the axial variations in temperature and stress are ex-
pected to be less steep, the mesh can be optimized so that the ver-
tical distance between the axial nodes is relatively large. However,
in order to take into account the end effects, the axial variation in
the node spacing is set to progressively decrease as one moves
away from the mid-plane of the cladding while the radial spacing
remains constant. Using this adapted mesh, less than a 1000 nodes
are required to simulate a 4-meter-long clad (e.g., 50 radial nodes
and 20 axial nodes).

Galerkin method A simple implementation of the Galerkin
method is clearly described in related litertaure [34]. However, be-
cause of the nonuniform physical properties and because of the
specific boundary conditions employed here, the stiffness matrices
have to be explicitly defined.

Heat equation The Galerkin method takes advantage of inter-
polation functions at each node to facilitate a solution to the con-
tinuous problem given a discrete and finite set of equations. gi is
the interpolation function at the node i. T, the solution of the heat
equation at each time step, is approximated by

P
Ti:gi. Accord-

ingly, the Galerkin method facilitates determination of the vector
Tn, given the temperature at each node Ti at the time step n by
solving Eq. (25). According to Eq. (26), the matrices A1;B1, and
the vector b1 are calculated as follows:

A1;ij ¼
X

s

Z
s

k � r � rgi � rgT
j dXþ

X
1ext

Z
1ext

h � r � gi � gjdl; ð44Þ

B1;ij ¼
X

s

Z
s
qCp: � r � gi � gjdX; ð45Þ
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b1;j ¼
X

1ext

Z
1ext

q � r � gjdlþ
X

1int

Z
1int

h: � T � r � gjdl; ð46Þ

where s, 1ext , and 1int designate the triangular elements, the edges
composing Cext , and the edges composing Cint , respectively. Consid-
ering a given element s, if the node i or j do not belong to this par-
ticular element, one arrives atZ

s
k � r � rgirgT

j dX ¼ 0; ð47Þ

However, if i and j do belong to s; k shall then designate the third
node and ðri; ziÞ; ðrj; zjÞ, and ðrk; zkÞ specify the coordinates of these
nodes, respectively. ThusZ

s
k � r � rgi � rgT

j dX ¼ ks�r
4 sj j zj � zk; rk � rjð Þ �

zk � zi

ri � rk

� �
; ð48Þ

where ks is the extrapolated thermal conductivity of element s;�r is
the medium radius of element s, and sj j is the area of element s.
Using the same routine, if i and j belong to s, thenZ

s
qCp � r � gi � gjdX ¼ sj j � qCp;s � �r

24
if i – j; ð49Þ

Z
s
qCp � r � gi � gj � dX ¼ sj j � qCp;s � �r

12
if i ¼ j: ð50Þ

When considering a given edge 1ext:, if i and j belong to 1ext:, thenZ
1ext

h � r � gi � gjdl ¼ h � �r � 1extj j
6

if i – j; ð51Þ

Z
1ext

h � r � gi � gjdl ¼ h � �r � 1extj j
3

if i ¼ j; ð52Þ

and if j belongs to 1ext:, thenZ
1ext

q � r � gjdl ¼
q1ext:

� �r � 1extj j
2

; ð53Þ

where 1extj j is the length of the edge. In a similar mannerZ
1int

Tc � r � gjdl ¼ Tc � �r � 1intj j
2

: ð54Þ

Stress equation The stress equation is solved essentially using the
same method. The same mesh and the same interpolation functions
are used. However, the unknown u is not a scalar anymore, but in-
stead it is a vector. To handle this, a vector U ¼

P2N
1 uigi was defined,

where N is the number of nodes. If i 	 1 ð2Þ, ui is the radial displace-
ment of the node iþ1

2 ; otherwise, it is the axial displacement of the
node i

2.
The matrices A2 and the vector b2 are calculated according to Eq.

(41):

A2;ij ¼
X

s

Z
s
eðgjejÞ : Cðeðgi � eiÞÞrdX ð55Þ

b2;j ¼
X

1ext

Z
1ext

�Pe � gjðej � erÞrdlþ
X

1int

Z
1int

Pi � gjðej � erÞrdl

þ
X

s

Z
s
eðgj � ejÞ : Cðe0ÞrdX: ð56Þ

If i 	 1 ð2Þ,

ei ¼ er ð57Þ

eðgi � eiÞ ¼

@gi
@r

0
gi
r
@gi
@z

0
BBBB@

1
CCCCA: ð58Þ
If i 	 0 ð2Þ ,

ei ¼ ez ð59Þ

eðgi � eiÞ ¼

0
@gi
@z

0
@gi
@r

0
BBBBB@

1
CCCCCA
: ð60Þ

As for the heat equation, a given element s is considered for exam-
ination. Six interpolation functions are defined in this domain ——
two for each node. If gi or gj does not belong to these functions,Z

s
eðgj � ejÞ : Cðeðgi � eiÞÞrdX ¼ 0: ð61Þ

If gi and gj do belong to these functions, l, m, and n are assigned as
the three nodes and ðrl; zlÞ, ðrm; zmÞ, and ðrn; znÞ the coordinates of
those nodes such thatZ

s
eðgj � ejÞ : Cðeðgi � eiÞÞrdX ¼ �r � sj j�r � sj jUT

j � C �Ui; ð62Þ

Z
s
eðgjejÞ : Cðe0ÞrdX ¼ �r � sj j �UT

j � C � �e0; ð63Þ

e0 ¼ ð
Ss

3
þ asðTs � TcÞÞ

1

1

1

0

0
BBBBB@

1
CCCCCA
þ �ec

n;s; ð64Þ
If i 	 1 ð2Þ :
 If i 	 0 ð2Þ :
Ui ¼ 1
sj j

zm � zn
0
sj j

3:�r
rn � rm

0
BB@

1
CCAif iþ1

2 ¼ l
 Ui ¼ 1
sj j

0
rn � rm

0
zm � zn

0
BB@

1
CCAif i

2 ¼ l

0 1

Ui ¼ 1

sj j

zn � zl
0
sj j

3:�r
rl � rn

0
BB@

1
CCAif iþ1

2 ¼ m
 Ui ¼ 1
sj j

0
rl � rn

0
zn � zl

BB@ CCAif i
2 ¼ m

0 1

Ui ¼ 1

sj j

zl � zm

0
sj j

3:�r
rm � rl

0
BB@

1
CCAif iþ1

2 ¼ n
 Ui ¼ 1
sj j

0
rm � rl

0
zl � zm

BB@ CCAif i
2 ¼ n
When considering a given element 1int (or 1ext), four interpolation
functions are defined on this edge. If gj does not belong to these
functions or if j 	 0 ð2Þ,Z

1int

Pi � gðej � erÞrdl ¼ 0; ð65Þ

Z
1ext

�Pe � gjðej � erÞrdl ¼ 0: ð66Þ

Otherwise,Z
1int

Pi � gjðej � erÞrdl ¼ Pi � 1intj j � �r
2

; ð67Þ

Z
1ext

�Pe � gjðej � erÞrdl ¼ �Pe � 1extj j � �r
2

: ð68Þ
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Alternative fuel cladding materials to Zr alloys are being investigated for enhanced accident tolerance,
which specifically involves oxidation resistance to steam or steam–H2 environments at P1200 �C for
short times. Based on a comparison of a range of commercial and model alloys, conventional austenitic
steels do not have sufficient oxidation resistance with only �18Cr–10Ni. Higher alloyed type 310 stain-
less steel is protective but Ni is not a desirable alloy addition for this application. Results at 1350 �C indi-
cated that FeCrAl alloys and CVD SiC remain oxidation resistant in steam. At 1200 �C, high (P25% Cr)
ferritic alloys appear to be good candidates for this application. Higher pressures (up to 20.7 bar) and
H2 additions appeared to have a limited effect on the oxidation behavior of the most oxidation resistant
alloys, but higher pressures accelerated the maximum metal loss for less oxidation resistant steels and
less metal loss was observed for type 317 L tubing in a H2–50%H2O environment at 10.3 bar compared
to 100% H2O.

� 2013 Elsevier B.V. All rights reserved.
1. Introduction

To provide larger safety margins and potentially avoid severe
core degradation under beyond design basis accident (BDBA) sce-
narios, one strategy is to develop fuel systems that tolerate severe
accident conditions better than the current Zr alloy (e.g. Zircaloy)/
UO2 fuel rods. Under severe accident scenarios in light water reac-
tors (LWRs), e.g. the station blackout events in three units at the
Fukushima Daiichi power plant in March 2011 [1], the water level
could drop thereby exposing the fuel rods. Under these conditions
the drop in heat conductance from the fuel coupled with decay
heat production quickly drives the fuel temperature upward. In
the case of conventional LWR fuel, the increase in temperature
causes the Zr alloy cladding to burst at temperatures between
700 �C and 1100 �C depending on the rod internal pressure [2].
At temperatures above �1200 �C, self-catalytic enthalpy produc-
tion due to Zr alloy cladding oxidation (inside by UO2 but primarily
outside by steam) significantly adds to the heat production rate in
the core, which quickly surpasses the decay heat production rate in
magnitude and results in rapid production of hydrogen as the
byproduct of reaction of zirconium with steam. Further accident
scenario details will be discussed elsewhere [3]. The purpose of
this paper is to consider alternative materials with superior oxida-
tion resistance to Zr cladding alloys such as Zircaloy. A cladding
material that could maintain a low oxidation rate for several hours
at P1200 �C in steam (P2 orders of magnitude lower than Zr al-
loys) would enhance core safety margins during a BDBA[3].

An example alternative material solution is a ceramic clad fuel
using SiC composites [4–6], which could survive much higher tem-
peratures than Zircaloy. While a ceramic cladding has the potential
to be protective above 1500 �C, well above the liquidus tempera-
ture of ferrous alloys, SiC is difficult to fabricate and has lower duc-
tility than a metallic cladding. Also, the thin SiO2 layer that forms
on SiC is known to be less protective in the presence of water vapor
because of the formation of volatile hydroxides [7]. Thus, another
strategy is to reexamine stainless steel claddings that were previ-
ously used in LWRs, despite the neutronics performance penalty
during normal operation compared to Zircaloy [8,9]. To assist in
the examination of new alloy compositions, guidelines are needed
in order to identify compositions capable of forming protective
scales at temperatures of P1200 �C for relatively short (<24 h)
periods to simulate severe accident conditions. The goal of this
work was to build on initial results [10] and compare the perfor-
mance of Zircaloy, SiC and various Fe-base alloys in steam and
steam–H2 environments at 800–1350 �C and 1–20 bar. Conven-
tional wrought, oxide dispersion strengthened (ODS) and model
alloys were exposed to simulated conditions for 2–48 h in order
to determine which classes of alloys are most attractive for further
study. Conventional 304-type stainless steel claddings are more
oxidation resistant than Zircaloy but do not contain sufficient Cr

http://crossmark.dyndns.org/dialog/?doi=10.1016/j.jnucmat.2013.05.047&domain=pdf
http://dx.doi.org/10.1016/j.jnucmat.2013.05.047
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and Ni levels to be protective at 1200 �C and higher temperatures.
The most promising alloys for severe accident tolerance are FeCrAl
alloys with �20 wt.%Cr–5%Al and Fe–Cr alloys with P25%Cr.
2. Experimental procedure

Specimens evaluated in this study included �12 mm lengths of
�10 mm diameter tubing with 0.65–1.6 mm wall thickness and
flat coupons, typically 1–2 mm thick and 4–6 cm2 in surface area.
Compositions are given in Table 1 in mass%. The baseline materials
evaluated were tubing sections of Zircaloy-2 (0.9 mm thick wall),
Zircaloy-4 (0.8 mm), 304L (1.6 mm), 321 (1 mm), 347L (0.7 mm)
and 317L (1 mm). As a baseline comparison for SiC, coupons of
Rohm and Haas chemical-vapor-deposited (CVD) SiC were in-
cluded. Model binary and ternary alloys are referred to by their
nominal composition but their actual compositions are given in Ta-
ble 1 along with the commercial alloys. Oxidation exposures were
conducted for 2–48 h in 100% steam and H2–50%H2O at tempera-
tures of 800–1350 �C and total pressures up to 20.7 bar (300 psi
or 2 MPa). The gas flow rates were constant during exposure but
decreased from 95 cm/min at 3.4 bar (50 psi) to 14 cm/min at
20.7 bar at 1200 �C and increased at higher temperatures
(111 cm/min at 1350 �C/3.4 bar) and decreased at lower tempera-
tures (67 cm/min at 800 �C/3.4 bar). Multiple specimens were ex-
posed together in the high-pressure tests and were attached to
alumina rods (held by a central alumina tube) using Pt wire
[11,12]. For 800–1000 �C exposures, an alloy 230 (Ni–22Cr–14W)
containment tube was used, which was replaced with a SiC tube
for 1200–1350 �C exposures. For thermal gravimetric analysis
(TGA) using a Cahn model 1000 microbalance, a quartz tube was
used with dry air or 1 bar of Ar–50%H2O (it was not possible to
achieve 100% steam in this TGA system) with an Ar flow rate of
60 cc/min. The TGA produced better kinetic data but was limited
to 1200 �C and 1 bar because of the quartz tube. In both the TGA
and high-pressure rig, the gas flowed from the bottom to the top
of the tube.
Table 1
Alloy compositions (mass% or ppmw for S) determined by inductively coupled plasma an

Alloy Fe Zr Ni Cr Al Mo

Zircaloy-2 0.14 98.1 0.05 0.10 – –
Zircaloy-4 0.22 98.2 – 0.11 – –
304L 70.3 – 8.27 18.8 0.01 0.27
317L 64.2 – 11.86 18.9 – 3.13
321 69.9 – 9.47 17.7 0.03 0.24
347 68.9 – 9.97 17.5 – 0.16
310SS 51.9 < 19.5 25.4 0.13
AL6XN 48.2 24.1 20.4 0.01 5.98
Fe20Cr15Ni 65.3 < 15.3 19.4 < <
Fe20Cr20Ni 60.1 < 20.1 19.7 < <
Fe20Cr20Ni+ 57.9 < 19.9 20.2 0.03 <
Fe20Cr25Ni 55.4 < 24.8 19.5 < <
HR120 35.0 < 37.6 24.7 0.09 0.28
P91 88.7 < 0.16 8.75 0.03 0.98
Fe–15Cr 85.1 – < 14.8 < <
Fe–20Cr 80.3 – < 19.7 < <
Fe–25Cr 74.6 – – 25.3 – –
ODM401 83.9 0.001 0.13 14.0 0.06 0.30
E–Brite 72.6 0.13 25.8 1.00
AL294C 66.1 0.19 28.6 0.07 3.70
PM2000 74.6 – 0.1 18.9 5.1 0.01
APMT 69.0 0.10 0.12 21.6 4.9 2.8
Ohmaloy30 82.8 < 0.58 12.6 2.6 0.05
Ohmaloy40 81.7 < 0.53 12.7 3.6 0.10
NITE-SiC 0.32 – 0.04 0.09 0.38 –
CVD-SiC – – 0.01 – – –

Note: < denotes below the detectable limit of 0.01% or 0.001% for interstitials.
Before and after exposure, specimen mass was measured using
a Mettler–Toledo model XP205 balance with ±0.01 mg/cm2 accu-
racy. After exposure, specimens were metallographically sectioned
and examined by light microscopy to determine section loss and
oxide thickness and morphology. Metal loss is reported as the aver-
age maximum wastage values from three regions of the cross-sec-
tions [10]. Additional characterization included electron
microprobe analysis (EPMA).
3. Results

3.1. Effect of temperature

Fig. 1 shows mass gain data after 8 h exposures at 800–1350 �C
for various alloys in 100% steam. The steam oxidation behavior of
Zircaloy has been extensively studied [13–15] and will not be
extensively reported here. Mass gains for Zircaloy-2 are shown in
Fig. 1 for reference to the more oxidation resistant alloys. The typ-
ical 18-8 stainless steels (i.e. types 304L, 321L, 347) all performed
similarly in these experiments [12] and the mass change for 304L
is shown for reference. The mass change for austenitic alloys can
be misleading due to scale spallation. Ferritic alloys have a lower
coefficient of thermal expansion difference between metal and
thermally-grown oxide; thus, thick oxides are less likely to spall
[16]. For example, 304L showed a mass loss at 1000 �C because
of scale spallation, Fig. 1. (Recall that the mass gain for an adherent
surface oxide is the uptake mass of oxygen while the mass loss for
oxide spallation includes the heavier metal cations.) For these al-
loys, cross-sections are needed to assess the extent of attack
[10], as will be shown later. Typical cross-sections of the less pro-
tective tubing alloys are shown in Fig. 2. Most were fully consumed
or nearly so after only 8 h at 1200 �C. The rates are consistent with
a previous study of type 304 stainless steel [17]. In contrast, the
most oxidation resistant materials examined over this temperature
range were alumina-forming FeCrAl, such as Kanthal alloy APMT�

(Advanced Powder Metallurgy Tube), which has some high tem-
perature strength due to its oxide dispersion (Table 1) [18]. This
d combustion techniques.

Mn Si C O S Other

– 0.01 0.019 0.115 < 1.42Sn
– 0.01 0.016 0.118 < 1.27Sn
0.73 0.42 0.028 0.006 <
0.62 0.38 0.023 0.006 10
1.14 0.45 0.033 0.003 40
1.80 0.66 0.040 0.007 150
1.89 0.70 0.044 0.006 10 0.15Co, 0.1Cu
0.50 0.05 0.012 0.003 < 0.2N, 0.3Cu
< 0.01 0.002 0.043 47
< 0.01 0.001 0.042 41
1.61 0.22 0.001 0.003 < 0.12La
< < 0.002 0.043 45
0.73 0.24 0.059 0.003 < 0.61Nb, 0.2Cu
0.46 0.28 0.102 0.004 30 0.46Nb, 0.24V
< < 0.003 0.004 20
< 0.01 0.002 0.003 15
– 0.02 0.004 0.037 10
0.04 0.04 0.013 0.191 52 0.21Y, 1.0Ti
< 0.22 0.003 0.003 100 0.1Nb, 0.1V
0.21 0.27 0.017 0.002 < 0.3Nb, 0.37Ti
0.11 0.04 0.01 0.25 8 0.37Y, 0.45Ti
0.10 0.53 0.030 0.049 < 0.12Y, 0.16Hf
0.41 0.26 0.017 < <3 0.34Ti, 0.1V
0.37 0.22 0.021 < <3 0.34Ti, 0.13V
– 67.8 27.7 2.94 < 0.44Y
– 69.8 30.2 0.003 < –



Fig. 1. Specimen mass change data after 8 h exposures in 3.4 bar steam as a
function of temperature. Additional data is included for 6.9 bar H2–50%H2O for
APMT (dashed line).
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material showed a low mass gain even at 1350 �C due to the for-
mation of a protective, external alumina scale, which is less af-
fected by H2O than SiO2 or Cr2O3 [7]. As a representative of the
various SiC composites, CVD SiC also showed low mass changes
from 800 to 1350 �C, Fig. 1. Another class of alloys of interest is fer-
ritic steels and results for two alloys are shown in Fig. 1, a model
binary Fe–25Cr alloy and a commercial (Allegheny Ludlum) alloy
AL294C, Table 1. Both alloys showed increased attack above
1200 �C. The most oxidation resistant materials began to strongly
differentiate at 1200 �C so more attention was focused on the high-
est temperature conditions and less devoted to the experimental
results at 800 �C and 1000 �C where thinner reaction products
were formed and less differentiation occurred among the various
alloys, Fig. 1.

Fig. 3 shows example cross-sections of the oxides formed on
APMT and CVD SiC at the highest temperatures investigated in this
study at 3.4 bar steam. Fig. 3a shows the protective external
Fig. 2. Example cross-sections of the less oxidation resistant tubing alloys exposed for 8
(d) P91, (e) type 321 and (f) type 347 stainless steel. The initial tubing wall thickness is
alumina scale formed on APMT after 48 h at 1200 �C. Fig. 3b and
c show APMT after 8 h at 1300 �C and 1350 �C, respectively. In each
case, the alumina forms a solid-state diffusion barrier that limits
the oxidation rate to ionic diffusion (mainly anions) through this
oxide layer, which is relatively inert to the presence of steam.
The reactive element (RE) additions of Y and Hf in this alloy are
essential to the good scale adhesion observed [19,20]. No internal
oxidation was observed at these temperatures, Fig. 3a–c. The RE
additions in APMT are tied up as oxides in the alloy and are not
available to form oxide stringers. The thin SiO2 layer formed on
CVD SiC at 1350 �C is shown in Fig. 3d. The layer thickness is af-
fected by the gas velocity, which affects the Si(OH)4 volatilization
[21].

3.2. Reaction kinetics at 1200 �C

To determine the reaction rates at 1200 �C, a time series of spec-
imens was performed in 3.4 bar steam, Fig. 4a. The mass change
data are plotted versus the square root of time to reflect the para-
bolic reaction rate expected for these materials [22]. As mentioned
previously, due to scale spallation, the mass change data are not
appropriate for determining reaction rates, especially for the
austenitic type 310 stainless steel which exhibited much lower
mass gains than expected. The ferritic alloys AL294C and E-Brite
both showed rate constants of 2–4 � 10�10 g2/cm4 s consistent
with chromia scale formation at 1200 �C, but without the CrO3 vol-
atilization loss found when O2 reacts with Cr2O3 [23]. For the
slower growing alumina scale on APMT, the rate constant was
100 times lower than for chromia scales. The rates for alumina
are similar to those observed in air or O2 [19,20].

More accurate reaction rates were determined by TGA, Fig. 4b.
As expected, the rates were similar in both conditions for APMT be-
cause this alloy showed no scale spallation. However, the 310SS
mass gain was much higher in the TGA experiment, comparable
to the ferritic alloys in Fig. 4a. (The O2 partial pressure is too low
in these experiments to form sufficient volatile CrO2(OH)2 even
with the difference in total steam pressure [24].) Upon cooling in
the TGA, the 310SS specimen spalled resulting in a mass loss. Like-
wise, the ferritic alloys showed slightly higher rates in the TGA
h at 1200 �C in 10.3 bar (150 psi) including (a) Zircaloy 2, (b) Zircaloy 4, (c) type 304,
noted.



Fig. 3. Light microscopy of polished cross-sections of APMT after (a) 48 h at 1200 �C, (b) 8 h at 1300 �C (c) 8 h at 1350 �C and (d) CVD SiC after 8 h at 1350 �C.

Fig. 4. Specimen mass change data for a series of specimens exposed at different times in (a) isothermal exposures in 3.4 bar steam at 1200 �C and (b) thermal gravimetric
mass gain data at 1200 �C in 1 bar Ar–50%H2O.
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experiment due to some degree of spallation in the high-pressure
experiments, e.g. the rate for AL294C increased from 4 � 10�10 to
6 � 10�10 g2/cm4 s in the TGA, Fig. 4. A low mass gain also was ob-
served for the CVD SiC specimen in the TGA experiment, Fig. 4b.

Fig. 5a summarizes some of the rate constants measured at
1000–1200 �C in an Arrhenius plot assuming parabolic kinetics in
all cases. As expected, the rate on type 310 stainless steel was
highest followed by the alumina-forming FeCrAl alloy APMT. The
Fig. 5. (a) Arrhenius plot of the parabolic reaction rates for several materials and (b)
slowest rates were measured for CVD SiC. To illustrate the effect
of steam on the reaction rates, exposures also were made in dry
air. The rates for 310SS and CVD SiC were both lower in dry air
indicating a detrimental effect of steam on the oxidation rate. In
contrast, the reaction rates for APMT were very similar in air and
steam at 1200 �C. However, at 1000 �C, the rate in air was much
lower than the equivalent rate observed in steam. This difference
is attributed to water vapor stabilizing metastable cubic alumina
comparison of mass gain for FeCrAl alloys at 1200 �C in Ar–50%H2O and dry air.



Fig. 6. Light microscopy of polished cross-sections after 48 h at 1200 �C in 3.4 bar steam (a) 310SS, (b) Fe–29Cr–4Mo (c) E-Brite and (d) Fe–25Cr.
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phases such as h-Al2O3 [25], which is known to grow much faster
than the stable a-Al2O3 phase [26]. Other studies of the same or
similar alloys have not observed this effect of water vapor
[27,28]. However, those studies were performed in wet oxygen
rather than wet Ar.

In addition to APMT, ‘‘lean’’ FeCrAl alloys with only 13Cr (Ta-
ble 1) also were studied and these alloys showed breakaway oxida-
tion at 1200 �C in Ar–H2O, indicating that a protective alumina
scale could not be formed under these conditions, Fig. 5b. However,
in dry air a protective oxide was formed. The slightly higher rate
constant for Ohmaloy 30 compared to APMT likely reflects the lack
of a RE addition in the former, Fig. 5a. The Y and Hf in APMT are
well known to reduce the rate constant at 1200 �C by a factor of
2–3 [19,20].

For the TGA work on chromia-forming alloys, 310SS was stud-
ied extensively but several more alloys were included at 1200 �C,
with some variation in the reaction rates, Fig. 4b. In order to con-
firm that a similar ordering was observed in the higher pressure
experiments, Fig. 6 compares the chromia scale thicknesses of sev-
eral alloys after 48 h exposures at 1200 �C in 3.4 bar steam. There
was obvious scale spallation in some locations for the 310SS spec-
imen, Fig. 6a. Based on the mass change, the ferritic alloys formed
more adherent oxides. However, the cross-sections revealed
significantly more internal oxidation was observed for the
AL294C specimen (Fig. 6b), likely due to the presence of 0.4%Ti,
0.3%Si and 0.3%Nb in this alloy compared to E-Brite (0.2%Si and
0.1%Nb), which exhibited very little internal oxidation, Fig. 6c. In
this case, only a darker discontinuous phase at the chromia-metal
interface was observed, which was identified as SiO2 by EPMA.
Fig. 7. Specimen mass change as a function of Cr content (a) after 8 h at
Because silica is more thermodynamically stable than chromia, it
can form beneath the chromia layer where the oxygen partial pres-
sure is equal to the Cr/Cr2O3 equilibrium [29]. The scale thickness
on E-Brite was very similar to the binary model Fe–25Cr alloy (not
shown) that contained only 0.02%Si and did not show any indica-
tion of SiO2 formation [10]. The similar scale thickness suggests
that an inner silica layer is not truly protective in these conditions.
Finally, Fig. 6d shows the thinner scale formed on AL6XN, similar to
the thinner scale formed on type 310 stainless steel. Both austen-
itic steels formed a thinner chromia layer than the ferritic steel
but the scale appeared to be more adherent on AL6XN than on
310SS.

3.3. Alloy composition effects

A wider range of model alloys was exposed at a few conditions
in order to assess which composition ranges were most resistant to
these environments. Fig. 7 summarizes a wide range of observa-
tions as a function of Cr content, mainly in 3.4 bar steam and for
alloys where spallation was not significant. For the model Fe–Cr al-
loys, Fig. 7a shows that 25%Cr was needed to form a protective
Cr2O3 scale at 1200 �C. Fig. 7b shows that Fe–15Cr was protective
at 800 �C but not at higher temperatures and Fe–20Cr showed
higher mass gain at 1200 �C indicating the onset of breakaway oxi-
dation. Both the model and commercial alloys with higher Cr con-
tents showed protective behavior at 1200 �C. Fig. 8a shows the
onset of breakaway oxidation for Fe–20Cr with large FeOx nodules
forming after only 2 h at 1200 �C in 3.4 bar steam. However, in
other areas, a protective chromia scale formed, Fig. 8b. Much larger
1200 �C in 3.4 bar steam and (b) Fe–Cr model alloys at 800–1200 �C.



Fig. 8. Light microscopy of polished cross-sections after exposure for 2 h at 1200 �C in 3.4 bar steam (a) and (b) Fe–20Cr, (c) Fe–15Cr and (d) Fe–20Cr–20Ni + Mn,Si,La.

Fig. 9. Light microscopy of polished cross-sections after exposure for 8 h in H2–50%H2O at 10.3 bar at (a and d) 800 �C, (b and e) 1000 �C and (c and f) 1200 �C for (a–c) alloy
ODM401 (ODS Fe–14Cr) and (d–f) alloy PM2000 (ODS FeCrAl).
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FeOx nodules formed on Fe–15Cr under these conditions as sug-
gested by the higher mass gain in Fig. 7b; however, a few areas
could be found where a thin chromia scale formed, Fig. 8c. There
was not sufficient Cr in these alloys to retain protective scale for-
mation. Even Fe–25Cr formed thick FeOx nodules in some locations
after 48 h at 1200 �C and at higher temperatures, as suggested by
the high mass gains in Fig. 1.

Returning to Fig. 7a, a series of model ternary Fe–20Cr–Ni alloys
illustrated the benefit of higher Ni contents on oxidation resis-
tance. Other elements besides Ni can improve the oxidation resis-
tance of austenitic steels, especially Mn, Si and RE additions like La
[30,31]. These elements result in a more complex reaction product
as was shown previously with the SiO2 inner layer. Along with Si
and La, the addition of Mn reduced the mass gain and suppressed
the formation of FeOx on Fe–20Cr–20Ni, Fig. 7a. Fig. 8d shows that
a thick Mn-rich outer oxide formed (identified by EPMA). Whether
the formation of this Mn-rich oxide or a synergistic increase in Cr
transport (as is found with Si [32]) explains the benefit has not
been determined.

Fig. 7a also shows the poor results for leaner FeCrAl composi-
tions with 13Cr and 3–4%Al alloys, as was shown at 1 bar
Ar–50%H2O in Fig. 5b. These alloys are of interest because they
are easier to fabricate and join than typical Fe–20Cr–5Al alloys
and reflect the potential result of simply adding Al to current Fe–
(9–14)Cr ODS alloys [33]. Fig. 9 illustrates the benefit of Al in
ODS alloys (only included in a few experiments because of limited
availability). The Fe–14Cr ODM401 [34] formed a protective Cr-
rich oxide at 800 �C and 1000 �C in 10.3 bar of H2–50%H2O but
not at 1200 �C, Fig. 9a–c. In contrast, ODS FeCrAl (PM2000) formed
a thin protective Al-rich oxide at all three conditions, Fig. 9d–f, very
similar to APMT.

3.4. Effect of pressure and hydrogen

Several experiments were conducted to evaluate the effect of
total pressure and H2 in the environment. For the most oxida-
tion-resistant materials, there appeared to be little change with
higher pressure and the addition of H2. For example, the dashed
line in Fig. 1 shows the minor effect of higher total pressure with
the addition of H2. Likewise, Fig. 7b shows only a slight change
in the mass gain for Fe–25Cr for the 6.9 bar H2–50%H2O environ-
ment. A more substantial effect of pressure was observed for the
lower alloyed steels. Fig. 10 shows maximum metal loss results
for the 317L tubing as a function of temperature and as a function
of time at 1200 �C. (A few of these data were reported previously
[10].) For this material that could not form a protective scale
(based on the high mass gains), the increased steam partial pres-
sure appeared to accelerate the rate of metal loss at 1200 �C. This
effect is further illustrated in cross-sections in Fig. 11 showing
some of the images that were used to generate the metal loss data



Fig. 10. Metal loss for type 317L tubing in several pressures and two environments (a) as a function of temperature for 8 h exposures and (b) as a function of time at 1200 �C.

Fig. 11. Light microscopy of polished cross-sections of 317L tubing after 8 h at 1200 �C (a) 3.4 bar steam, (b) 6.9 bar steam, (c) 6.9 bar H2–50%H2O and (d) 20.7 bar steam.
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in Fig. 10. (317L performed better than the other stainless steels
tubes that were fully consumed after a similar exposure, Fig. 2.)
The laminate-structured scales observed are typical of steels that
rapidly oxidize in steam [35]. At 10.3 bar (150psi), switching from
100% H2O to H2–50%H2O decreased the maximum metal loss,
Fig. 10. This difference can be seen in the cross-sections in
Fig. 11b and c and suggests that H2–H2O environments are less
aggressive than steam alone. From these results, it appears that
the reaction rate is dominated by the steam partial pressure with-
out any significant effect of the presence of H2.
4. Discussion and future work

A large number of experiments were conducted as part of this
initial study [12] with specific data reported to support the most
important findings. As noted previously, the results were focused
on the P1200 �C experiments because there was less differentia-
tion in performance at lower temperatures. Fig. 9 provides an
example that the thin oxides formed at lower temperatures were
also difficult to image, without higher resolution characterization
techniques. For severe accident scenarios, there is greater interest
in higher temperatures and in determining the maximum temper-
ature that candidate materials remain protective.

There is a tendency in screening studies such as this one to sim-
ply test a large number of commercial alloys. The importance of
the model Fe–Cr alloys is to establish how much Cr would be
needed for protective behavior, as illustrated in Fig. 7. There has
been considerable interest in using 9–14%Cr ODS steels in nuclear
applications, including fuel cladding for fast reactors and fusion
systems [36–38]. However, prior work had shown that ODS Fe–
13Cr had poor oxidation resistance in laboratory air above 900 �C
[39]. Rather than evaluating each of the candidate ODS Fe–Cr al-
loys, the model alloy results suggest that none of the current
ODS Fe–Cr alloys with only 9–14%Cr will be protective at 1200 �C
in this environment. This conclusion was verified by the results
on the ODM401 alloy with 14%Cr, Fig. 9.

There are always difficulties in recreating complex environ-
ments in the laboratory. As noted above, the choice of reaction tube
(SiC for the high pressure tests above 1000 �C, quartz for the TGA)
will affect the partial pressure of reactant species, i.e. Si(OH)4, as
both the specimen and reaction tube will react. However, it was
not possible to change the reaction tubes on these systems and
even alumina reaction tubes will begin to react and form Al(OH)3

at higher steam temperatures. For the CVD SiC oxidation, the pres-
ence of additional Si(OH)4 vapor from the reaction tube along with
the relatively low gas velocities in both the high pressure and TGA
systems limited the amount of volatilization in these experiments.
Therefore, the reaction layers observed were thicker with less
material recession than would be observed with a higher gas veloc-
ity [21]. Nevertheless, for the relatively short times of interest for
this application, SiC likely has sufficient oxidation resistance. For
all Si-based ceramics, concerns about the oxidation resistance in
the presence of water vapor are more important for long-term
applications [7,11,21]. It is worth noting that the parabolic fits
for the TGA data were better for the metals and less relevant for
CVD SiC, which could have been fit to a linear rate. A parabolic rate
was used only to assist in the comparison with the other materials
in Fig. 5a.

Based on this high temperature oxidation data, FeCrAl-type al-
loys and high-Cr Fe–Cr appear the most promising materials for fur-
ther consideration in this application and SiC-based ceramics also
have significantly lower reaction rates. Several FeCrNi alloys, like
310SS, showed protective behavior at 1200 �C in steam, Fig. 7a.
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However, Ni is not generally desirable for fuel claddings because of
its high thermal neutron absorption cross-section (almost twice
that of Fe) and formation of radioactive Co (through 58N(n,p)58Co
reaction with fast neutrons) in the core [3]. The Ni content can ex-
plain the relatively poor oxidation performance of type 304L with
its lower Ni content and the superior performance of the high Ni
austenitics such as HR120 and type 310 stainless steel, Table 1.

The alumina-forming FeCrAl alloys are very resistant to these
environments and form protective alumina scales up to 1475 �C
[40], close to the liquidus temperature of �1500 �C. To counter
the neutronics penalty compared to Zr alloys [8,9], thinner FeCrAl
cladding walls may be possible. To illustrate its protective behavior
even with thin sections, a �130 lm thick PM2000 foil specimen
also was exposed at 1200 �C and formed a similar thin protective
oxide to that on the 1.5 mm thick specimen shown in Fig. 9f. One
surprising result was the poor oxidation resistance of lean FeCrAl
alloys in steam or Ar–H2O at 1200 �C, Figs. 5b and 7a. These alloys
were unable to form alumina and were largely consumed during
this exposure. This emphasizes the effect of total composition on
oxidation resistance and the need for further work to define suffi-
cient Cr and Al levels for protective behavior in this application.

For any of these candidates, substantially more work is needed
to study the corrosion resistance and mechanical behavior in pres-
surized and boiling water at �320 �C and the effects of irradiation
on these alloys (especially Cr-rich a0 formation under irradiation)
because these alloys have not been previously considered for fuel
cladding applications.

Future high temperature screening work will focus on 1 bar
steam at 1200 �C and higher temperatures as the higher pressure
and addition of H2 did not appear to have a strong effect on the
most oxidation resistant alloys. Currently, model Fe–Cr–Mn–Si�Y
and Fe–Cr–Al ± Y alloys are being evaluated to determine the crit-
ical compositions needed for steam oxidation resistance [40]. For
the Fe–Cr alloys, the binary model alloys provide important start-
ing information. However, as was observed with the Fe–20Cr–20Ni
alloy, additions of elements such as Mn, Si and La can substantially
improve oxidation resistance (Figs. 7a and 8d) in the presence of
water vapor and reduce the critical amount of Cr needed for oxida-
tion resistance [30]. The ODS Fe–14Cr alloy performed better than
the Fe–15Cr model alloy. For FeCrAl alloys, lowering the Al and Cr
contents from the typical 20Cr–5Al composition could result in an
alloy more suitable for thin walled tubing with better mechanical
properties and weldability.

5. Summary

Initial experiments were conducted at 800–1350 �C in 1–20 bar
steam and H2–H2O environments to determine relevant experi-
mental conditions and promising candidates for future study as
more accident tolerant fuel claddings to replace Zr alloys in light
water reactors. Materials that can form protective alumina (such
as FeCrAl) and silica (e.g. CVD SiC) showed minimal attack up to
1350 �C in 3.4 bar steam. A range of commercial and model alloys
was used to illustrate the effects of alloy composition on steam oxi-
dation resistance for this application. Conventional �18Cr–10Ni
stainless steels do not have sufficient oxidation resistance for the
highest temperatures under consideration. Increasing the Cr and/
or Ni contents increased the steam oxidation resistance at
1200 �C, as in type 310 stainless steel (25Cr–20Ni). However, high
Ni contents are not desirable for this application. High Cr (P25%)
ferritic steels appear to be promising candidates but chromia-
forming alloys were generally not as resistant as the alumina-
forming alloys or SiC at higher temperatures. Higher pressures
and H2 additions appeared to have minimal effect on the oxidation
resistance of the most protective materials. Higher steam partial
pressures increased the maximum metal loss at 1200 �C for 317L
stainless steel.
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