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Abstract 
In the landscape of German energy technology changes are currently taking on an 
unprecedented scale. The development of renewable energy sources has reached a 
momentum that was neither foreseeable nor planned years ago by anyone in any way. 
Additionally a political decision had to be made - due to the nuclear disaster in Fukushima - 
exit from nuclear energy by the year 2022. Therefore, the question poses itself whether it 
makes any sense at all to further advance the technological development in the field of 
conventional energy sources, in particular in the areas of coal and lignite. The renewable 
energy sources clearly have the disadvantage that for a fully comprehensive and round-the-
clock power supply to a highly developed economy they are only suitable on a limited basis. 
Whether the electric current can be obtained from storages in the required order of 
magnitude, is more than questionable. To ensure a reliable and sufficient energy supply 
more conventional power plants will therefore also be mandatory in the future. But in order to 
survive the competition in generation units, power plants with low labor costs and fast start-
up times are needed. Low labor costs require high levels of efficiency and these in turn can 
only be achieved using higher steam parameters and new materials. 

Presentation GKM 
The Großkraftwerk Mannheim AG (GKM) (Large-scale Power Plant Mannheim) has been 
operating for over 90 years in Mannheim, one of the most efficient coal-fired power plants in 
Europe. GKM generates electricity for more than 1.5 million people, commerce and industry 
and district heating for about 120,000 households - through combined heat and power (CHP) 
which is environmentally friendly and economical. For the DB Energie GmbH, GKM is also a 
major supplier of single-phase electricity. 

The installed plant capacity (5 coal blocks) is 1675 MW gross or net 1520 MW, and the 
installed heating power (hot water) is 1,000 MWth. In September, a district heating storage 
tank (1,500 MWh, 250 MWth) was put into operation. Out of the net electric power 190 MW is 
available for the production of single-phase electricity. GKM is the largest power plant in 
Baden-Wuerttemberg. 

Since 2010, block 9 has been producing a gross electrical output of 911 MW at the site. 
Intended is a 500 MWth of district heating and power generation of 100 MW. 

GKM is a joint venture of RWE Generation SE, Essen, ENBW Kraftwerke AG, Stuttgart and 
MVV RHE GmbH Mannheim. 

Macroeconomic Data Regarding Energy 
The development of renewable energy sources is strongly promoted in Germany. The 
volatile supply of wind and solar power has a significant impact on the operation mode of 
conventional power plants. While in previous years, after the reduction during the nights the 
full load was driven during the days, a power reduction now takes place around noontime 
made use of in particular by the massive photovoltaic usage. Moreover, there are in contrast 
to earlier times also significant differences between the planned and actual use. Current 
requirements mean much higher loads on equipment and personnel. 

  



 
 
 
 
 

 
 
 
 
Fig 1: Effect of the change in energy production on GKM-Power Plant implementation 

 

At the end of 2012 the installed capacity of renewable energy in Germany was 74.2 GW, as 
about 136 TWh was generated, and the increase will continue in the coming years. 

 

Method 
earlier    and today   with plan deviation 
 
Wednesday, 21.03.2007 Wednesday, 28.03.2012 Saturday, 16.04.2011 

                 Contribution GKM Planned contribution GKM 



 
Fig. 2: Gross electricity production and installed performance in Germany 

In February 2012 there was little wind and sun and due to low ambient temperatures this led 
to a high demand on conventional power plant capacity. Due to a permit issued in the 
summer, GKM could ensure the safety of the power grid within a 5-block operation. Of the 
approximately 54 GW of installed wind power and photovoltaic power there were at times 
only 2% on the grid. (Figure 3). 

 

 
 
Fig 3: Comparison of performance data 13th February 2012 7:00 – 8.00 hrs 

 

 

 



 
Fig. 4 Grid load and wind and photovoltaic performance in February 2012 

 

From this slide three important conclusions can be drawn: 

1 The unreliable availability of renewable energy sources: 

The biggest part of the problem is the lack of reliable regenerative availability. By the end of 
2012, 74.2 GW of installed capacity, only 12 GW can be considered reliable. 

2 Storage possibilities for electricity can not compensate for the unreliable availability: 

The pumped storage capacity of about 6,500 MW currently available in Germany is not even 
enough for 6 hours. This raises the question of how the provision of electricity can be 
ensured at times when there is a lack of availability of renewable sources. One approach is 
the further expansion of storage technologies, but does not at present have the state of 
sufficient capacity to ensure grid stability. A proven method for storing electricity are pumped 
storage power plants. However, due to the geographical characteristics of the country an 
expansion of pumped storage power plants in Germany is limited. Regarding the fact that 
electricity prices are constantly rising the question of whether alternative storage projects are 
both politically and economically feasible is also permanently being raised. In addition, the 
technical feasibility of alternative storage concepts of large-scale storage can not be 
predicted. 

3 Only conventional power plants can ensure the power supply 

Due to the weather independence conventional power plants are required to provide a 
reliable power supply. 

 



 
Fig. 5 Installed and ensured performance of renewable energy 2012 

 

 
Fig. 6: Costs of alternative electricity storage 

 



 
Fig. 7: Installed and reliable performance of conventional power generation 2012 

The forecasting study "Importance of thermal power plants for energy transition" has come to 
the conclusion that the thermal power plants also play an important role in the long-term to 
ensure security of supply. In 2050, at least 46 GW secure power plant capacity will be 
needed. Thermal power plants must also be built in the future. Which power plants should be 
built in future in order to ensure the lack of performance is provided for: This is dependent on 
the investment costs, fuel costs and deployment time, i.e. the economy. The medium-term 
availability of fuels has also been taken into account. 

 



 
Fig. 8: Expected requirements on reliable performance 

 

 
Fig. 9 Comparison of fuel costs, gas – coal with different CO2 prices 

 



It can be seen that coal is much cheaper than natural gas. The global coal reserves are by 
factors greater than that of natural gas. The extent to which the specific CO2 price is to 
develop in the future is unpredictable. With the currently existing prices a fuel shift from coal 
to gas in Germany in the coming years is unlikely. Therefore, new coal-fired power plants 
would not only have higher efficiencies, they would also have to meet flexibility requirements 
that come into the vicinity of CHP plants. 

The technical minimum load is important amongst other things for operation to reduce 
additional costs for the start-up and shut-down of the block. 

 
Fig. 10: Unit efficiency  of different Power Plants  

 

State of power plant research and development: 
In response to the nuclear disaster in Fukushima and the phasing out of nuclear energy in 
Germany which is planned up to the year 2022, in addition to the already decommissioned 
nuclear power plants, a further outage capacity of approximately 13 MW will result. Against 
the background of the unresolved storage problem, regardless of further expansion of the 
use of renewable energy sources, the need arises for additional fossil-fueled power plants, 
i.e. gas and coal power plants. 

The development of gas prices shows that a further expansion of the gas turbine power 
plants is limited for economic reasons. This leads to the consequence that the future coal-
fired power plants are needed to produce electricity. 

To meet the requirements for a reduction of CO2 emissions laws, new power plants must be 
built with increased efficiency compared to previous systems. The increase in efficiency is 
thereby directly related to the parameters for steam, see Figure 10. 

 



Apart from the saving of CO2 emissions for climate protection resulting from the increase of 
efficiency, the associated fuel savings when operating with economic benefits stand opposite 
the additional cost of installation.  

 

The following conditions must be met by future systems: 

• High load change flexibility 
At Steep start-up and shut-down gradients in cold, warm and hot start 
• High efficiency: 
Efficiency, high utilization, part-load performance 
Improved process control with efficient use of staff 
High availability, low- cost monitoring and repair 
• Reduction of emissions through improved flue gas cleaning systems and therefore 
improved efficiency 
• Low operating costs 

 

 
Fig. 11: Flexibility demands on a 700 °C power plant 

In order to meet the challenges of future fossil fuel power plant generations, the 
Großkraftwerk Mannheim is involved in numerous research projects to increase efficiency, 
reduce harmful emissions and economic implementation of ambitious technologies. 

Power plant research at GKM 
In the Großkraftwerk Mannheim AG since its founding in 1921, research and the use of 
advanced methods for efficient and low-emission power generation are being implemented 
continuously. For example, the first high-pressure system in Germany was put into operation 
in 1928. The steam reaches a pressure of 100 bar and a temperature of 470 ° C. 

In continuation of its tradition as a pioneer of modern technologies, the Großkraftwerk 
Mannheim AG participated in numerous research projects. Representative of these are high-
temperature material test tracks that are driven with steam temperatures of 725°C which are 
installed at GKM in boiler 17, Block 6. Materials and components for future highly flexible and 



highly efficient steam power plants are tested there. The positive operating experience that 
has been achieved provides a fundamental basis for the future implementation of highly 
efficient and flexible load changes in steam power plants as a partner of renewable energy 
sources in the future energy mix. 

Summary and Outlook 
The future energy supply can only be ensured if in addition to the expansion of renewable 
energy sources, highly flexible and highly efficient fossil-fired power plants are built. The 
technical issues that arise in this context concern, mainly the use of materials in this 
temperature and pressure range. Qualification and testing of suitable measures are currently 
being initiated in Germany, and in Europe several research projects, which certainly occupy 
a special position in the high-temperature material test tracks at GKM. 

The results of the research are used to gain insights for future operating of highly flexible and 
low-emission power plants in order to accomplish the next step in the implementation of 
research activities in power plant application. 
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Abstract 
We are building the EPR™ reactor fleet. Together. 

With four EPR™ projects under construction in the world, AREVA has unrivalled experience 
in the delivery of large-scale nuclear projects, including more than a thousand lessons 
learned captured from Olkiluoto 3 and Flamanville 3 projects. This book of knowledge as well 
as the return of experience of AREVA’s and EDF’s teams are now being fully leveraged on 
ongoing projects, especially on Flamanville 3 and Taishan, and will be incorporated in all 
future EPR™ projects. 

1 Introduction / Motivation 
To supply more than seven billion people (likely nine billion in 2030) with secure energy 
needs infrastructure development. Need for new capacity is persistent to meet growing 
energy demand (multiplied by two in overall consumption and an 80% increase in global 
electricity consumption by 2050). Although 50% of world electricity today is generated from 
burning coal, combating climate change remains a priority and greenhouse gas emissions 
are to be cut by half by 2050. Need for an increased security of supply in a changing 
geopolitical environment remains on the top. 

Nuclear power generation will globally continue to grow and be an important part of the world 
energy base–load portfolio for its energy security, strategic value, diversification of energy 
mix, economical and environmental contributions, with an enhanced safety framework. 

With the reactor portfolio EPR™, KERENA™ and ATMEA1™ (in joint venture with MHI), 
AREVA has developed advanced design concepts for Gen 3+ nuclear reactors which fully 
meet the most stringent requirements in terms of nuclear safety, operational reliability and 
economic performance. 

2 Full Description  
AREVA has a long experience in building 102 reactors worldwide from its French and 
German roots since the seventies.  

At present four EPR™ reactor units are under construction in Finland, France and China, 
with project progress on AREVA scope equal to 83%, 65% and 84% respectively. The design 
is reviewed by reference Safety Authorities worldwide. It is the only Gen 3+ design submitted 
to the post–Fukushima European Safety checks and its design fully complies with WENRA 
objectives for the New Power Reactors. 

AREVA continuous improvement process takes advantages of the greatest panel of large 
nuclear project underway in the world – not only Olkiluoto 3 (OL3) and Flamanville 3 (FA3) – 
to implement the lessons learned in terms of organization and project management. 
Thanks to OL3, the first EPR™ reactor to be build, then to FA3, the first EPR™ reactor built 
in France with our long-term customer and partner EDF, AREVA has restarted a large supply 
chain with nuclear-grade quality suppliers, in every field of activities, after a period of 15 
years without any new build in Europe. In the meanwhile, safety authorities have re-sized 
their teams in order to handle new build projects licensing.  
In term of EPR™ design or manufacturing, our experience allows Taishan to be on time 
leveraging the detailed design standardization and improvement work. For instance, 
improvements made on Steam Generator manufacturing are one of the reasons why the time 
delivery has been reduced by more than one year between OL3 and Taishan. 
As for experience gathered on the field, we are fully leveraging it at the Taishan project: 90% 
of the procurement team and 50% of the project management team has been working on the 
FA3/OL3 projects. 



The overall planned delivery schedule clearly demonstrates a series effect from around a 
planned 90 months for OL3 and FA3 to less than 50 months for Taishan between first 
concrete and fuel load. 

The dome lifting achieved at Taishan unit 1 in less than 24 months as compared to 47 
months for OL3 gives us good confidence. We will put the field experience we are all 
gathering to good use and it will allow us to deliver on time all future projects by maintaining 
our efforts in collecting, analyzing and implementing all lessons learned of our ongoing 
projects. 

Today, more than 1,000 projects are managed by skilled people in Engineering and Projects 
Department and in Business Groups worldwide (France, Germany, U.S. and China). This 
unique pool of Project Managers rises in competencies through a participation in the different 
NPP projects, dedicated training programs and project management certification. In that 
perspective, a standardized project Management - system has been set-up in line with the 
best industry standards. 

Concerning the supply chain, localization is part of the AREVA policy bringing benefits to 
local economies. For example, for the second EPR™ reactor at Taishan, the heavy 
components are being manufactured locally by the Chinese industry. But the supply chain is 
managed globally based on the involvement of local suppliers’ networks. This provides local 
economies with global opportunities and enables us to optimize procurement for project 
delivery. 

3 Summary and conclusion 
Besides licensing, the EPR™ reactor’s value of experience is also proven by the 
standardisation on early engineering activities, developed supply chain and manufacturing of 
heavy components, optimised installation processes, procurement and reduced construction 
duration. All these facts are demonstrating the EPR™ reactor series effect: on–budget and 
faster project delivery. Planned construction time (the first concrete to start of nuclear 
operation) has been reduced significantly and costs are well under control: Taishan project is 
on budget with already more than 85% costs committed on AREVA’s scope. 

Finally, the EPR™ design offers a very high level of safety, based on the best German and 
French technologies, and is the only Gen3 design licensed and built in both Europe and 
China. It also achieves a lower environmental footprint that previous designs thanks to 
improved efficiency. 
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Abstract 
The present work summarizes experiences with Alloy 617B from different heat treatments 
and heats investigated at Fraunhofer IWM. For this purpose, different batches of Alloy 617B 
are compared with respect to chemical composition, grain size, and precipitation state. 
Moreover, results from low cycle fatigue tests at different strain rates with and without hold 
times are presented, giving impressions about the viscoplastic material properties and 
lifetime as a function of the material condition. Further investigations comprise fatigue crack 
growth measurements and fractographic analysis for the characterization of the prevailing 
damage mechanisms.  

1 Introduction / Motivation 
The nickel Alloy 617B is a modified version of Alloy 617 with narrower tolerances of major 
alloying elements and selective addition of boron, resulting in improved creep strength at 
700 °C, especially developed for the application in  components in 700 °C power plants [1]. 
The alloy has been investigated in numerous research and development projects and is 
currently being tested under static and thermocyclic conditions in a 725 °C test loop at 
Großkraftwerk Mannheim. Therein, at Fraunhofer IWM particularly the fatigue and creep-
fatigue properties of Alloy 617B have been studied. 

The aim of this work is to compare the deformation and lifetime behavior of different heats 
and material conditions of Alloy 617B under a given cyclic loading. Differences in material 
behavior are discussed in view of the precipitation microstructure. Thus, the microstructural 
features of the different heats and material conditions in the as-received conditions are 
presented first (chapter 2). Chapter 3 gives an overview on the experimental work performed 
including cyclic tests at different strain rates with and without hold times and crack growth 
measurements. In chapter 4, the results from the performed fatigue and creep-fatigue tests 
are presented with respect to time and temperature dependent plasticity and fatigue crack 
growth and lifetime. Furthermore, results from fractographic investigations give information 
about differences in fracture modes. Finally, the work is discussed in chapter 5 and 
summarized in chapter 6. 

2 Materials 
Table 2.1 summarizes the chemical compositions in the as-received conditions of the 
different heats of Alloy 617B that are considered within this work. In addition the chemical 
compositions according to VDTÜV-Blatt 485 of Alloy 617 [2] and to the single appraisal by 
VDTÜV of Alloy 617B [3] are given. 

Table 2.1 Chemical compositions of considered heats of Alloy 617B in the as-received 
condition (wt.-%) 

 Ni Cr Co Mo Al Ti C Fe Si Mn B 

SHEET [5] bal. 22.2 11.6 8.7 1.0 0.36 0.06 1.0 0.14 0.06 0.004 

FORGING-LG bal. 22.3 12.2 8.2 1.0 0.5 0.06 0.4 0.1 0.01 0.007 

FORGING-AG [4] bal. 22.9 12.9 8.7 1.03 0.52 0.057 0.94 0.08 0.03 - 

TUBE-
COMTES700-SE bal. 22.6 11.9 8.6 1.0 0.46 0.06 0.29 0.07 0.02 0.007 

VDTÜV  
Alloy 617 [2] bal. 20-23 10-13 8-10 0.6-

1.5 
0.2-
0.5 

0.05-
0.10 ≤2 ≤0.7 ≤0.7 - 

VDTÜV  
Alloy 617B [3] bal. 21-23 11-13 8-10 0.8-

1.3 
0.25-
0.5 

0.05-
0.08 ≤1.5 ≤0.3 ≤0.3 0.002-

0.005 

 



From these heats, different products have been manufactured and different heat treatments 
have been applied as summarized in Table 2.2. 

 

Table 2.2 Material products and heat treatments 

 Heat treatment Product 

SHEET-LG 1175 °C / 1 h / air 30 mm sheet (1) 

SHEET-SG 1175 °C / 1 h / air + 980 °C / 3 h / air 30 mm  sheet(1) 

SHEET-AG 1175 °C / 1 h / air + 980 °C / 3 h / air + 700  °C / 1 yr / air 30 mm sheet (1) 

FORGING-LG 1180 °C / 1 h / air Forging (2) 

FORGING-AG 1100 °C / 5 h / water + 670 °C / 10 h + 6 50 °C / 1000 h Forging (3) 

TUBE-
COMTES700-SE 

Service exposed in COMTES700 test loop (20.000 h >650 °C 
whereof 13.000 h >680 °C) 

Tube OD220/WD50 mm 

(1) melting in a 20-ton VIM furnace with subsequent electro-slag-remelting and hot rolling to final 
thickness of 30 mm, (2) semi-finished product with OD660, (3) semi-finished product with OD1000 
 
From the as-received samples, longitudinal microsections were taking to analyze grain sizes. 
Figure 2.1 shows exemplarily a light-optical micrograph of the SHEET-LG material, etched in 
Adler reagent and its statistical assessment of its grain size distribution. A summary of the 
results of the grain size measurements for all samples is given in Table 2.3. 

 

Figure 2.1 Micrograph of SHEET-LG material, etched in Adler reagent, and its statistical 
analysis of the grain size distribution with a mean grain diameter of 132.8 µm, 
taken from [5] 

 

Table 2.3 Statistic grain size values (chord length in µm) from longitudinal microsections 

 minimum maximum average 10% quantil 90% quantil ASTM E112 

SHEET-LG(*) 8.8 453.2 132.8 36.1 245.5 3 

FORGING-LG 10.6 786.2 194.6 47.7 383.4 2 

FORGING-AG 12.9 550.4 159.2 37.5 292.2 2 

TUBE-
COMTES700-SE 22.6 700.7 178.3 55.5 352.1 2 

(*) comparable grain values for SHEET-SG and SHEET-AG material, proven in [5] 



2.1 Precipitate microstructure in the as-received conditions 
Figure 2.2 to Figure 2.5 show typical micrographs of solution-annealed, stabilized, and aged 
(700 °C/1yr) Alloy 617B. With the help of these mic rographs the different precipitates 
occurring in Alloy 617B are discussed.  

In Figure 2.2a a scanning electron microscopy (SEM) image of the solution-annealed 
SHEET-LG material is presented, showing a primary titanium(carbo-)nitride Ti(C,N) with a 
size of approx. 20 µm. Ti(C,N) precipitates can be found in all heats not only inside the grains 
but also at grain boundaries. Furthermore, in the solution-annealed SHEET-LG material 
chromium-rich carbides can be detected at large angle grain boundaries (position 2 in Figure 
2.2b) but not at twin boundaries (Z in Figure 2.2b) or inside the grains. It is assumed, that 
these carbides are precipitated during cooling from solution-annealing temperature, [5]. 

Figure 2.2 SEM images of SHEET-LG material and EDX with coarse Ti(C,N) precipitate
(Pos. 1) and chromium-rich carbides at large angle grain boundaries (Pos. 2), 
taken from [5] 

 

Figure 2.3 shows transmission electron microscopy (TEM) images of the solution-annealed 
SHEET-LG material. With the help of the diffraction pattern, the chromium-rich grain 
boundary carbides can clearly be identified as M23C6 carbides whereas carbides of the type 
M6C (molybdenum-rich carbides) cannot be detected in this sample.  



 

Figure 2.3 STEM-HAADF image of SHEET-LG material with large angle grain boundary 
(G) and twin boundary (Z), EDX and diffraction pattern in [100] zone direction,
according to [5]. Inside the grain (2) and at twin boundaries only reflections of 
the fcc matrix can be detected, at large angle grain boundaries (1) additional 
reflections of M23C6 carbides are observed. 

 

Figure 2.4 shows typical TEM images after the stabilizing heat treatment at 980 °C for 3 h 
(SHEET-SG). Therein, M23C6 precipitates can be detected inside the grain, at large angle 
grain boundaries and occasionally at twin boundaries, too. The size of the carbides is 100–
500 nm. The dislocation density increases with the stabilizing heat treatment (compare 
Figure 2.3 and Figure 2.4). Precipitates of the �′-phase could not be detected inside the 
sample. Generally, the stabilizing heat treatment is applied in order to reduce the 
susceptibility to intergranular cracking after short-term service [1][12], whereas the alloy is 
conventionally used in the solution-annealed condition [13].  

For the long-term aged material (SHEET-AG) typical TEM images are presented in Figure 
2.5. Therein, M23C6 precipitates can be found inside the grain, at large angle grain 
boundaries and twin boundaries, while the precipitate size still varies between 100 nm and 
500 nm. Furthermore, �′-precipitates can be detected inside the matrix with a size of around 
50 nm to 100 nm. It is assumed, that the precipitates of the	�′-phase are formed after several 
ten hours at temperatures around 700 °C. What is al so remarkable is that the precipitation of 
the �′-phase occurs in a homogeneously distributed manner while the precipitation of M23C6-
carbides preferentially occurs along grain boundaries and dislocation lines (pipe diffusion 
[16]). 

Table 2.4 summarizes the results of the microscopic observations for all heat treatments and 
heats, considered in this work. In all samples, primary Ti(C,N) precipitates could be detected. 
(Secondary) M23C6-precipitates are found in the three SHEET samples and in the FORGING-
AG sample, whereas in the FORGING-LG and COMTES700-SE samples the type of the 
present carbides (M23C6 or M6C) have not determined. γ' is present in the SHEET-AG, 
FORGING-AG and COMTES700-SE sample. 



 

Figure 2.4 STEM-HAADF image of SHEET-SG material with large angle grain boundary 
(G), twin boundary (Z) and dislocation lines (V) and EDX from point 1 and 2, 
taken from [5]. After the stabilizing heat treatment coarse M23C6-carbides can 
be found at grain boundaries and inside the grain. 

 

 

Figure 2.5 STEM-HAADF images of SHEET-AG material and EDX of point 1 and 2, 
according to [5]. After long-term aging at 700 °C, coarse M23C6-carbides can be 
found at grain boundaries and inside the grain. Additionally, γ'-phase is 
homogeneously precipitated inside the matrix. 



Table 2.4 Precipitations in Alloy 617B in the as-received conditions 

 Ti(C,N) M6C M23C6 γ' others 

SHEET-LG X - X - - 

SHEET-SG X - X - - 

SHEET-AG X - X X - 

FORGING-LG X x(1) x(1) - - 

FORGING-AG X - X X - 

TUBE-
COMTES700-SE X x(1) x(1) X - 

(1) carbides present, but carbide type not determined 

 

Figure 2.6 shows an abstract of the time-temperature-precipitation diagram of Alloy 617 
introduced by Kirchhöfer et al. [17]. Therein, further results from literature 
[5][6][7][8][9][10][18][19] are added giving information about the precipitation microstructure 
of the investigated materials in the solution-annealed conditions. 

 

Figure 2.6 Time-temperature-precipitation diagram of Alloy 617 introduced by Kirchhöfer 
et al. [17] and results from literature [5][6][7][8][9][10][18][19] specifying the 
precipitation microstructure of investigated materials in solution-annealed 
conditions. 



3 Experimental 
From the materials listed in Table 2.2, cylindrical specimens with 7 mm gauge diameter and 
17 mm reduced section length were machined for subsequent fatigue and creep-fatigue 
testing. The specimens were heated inductively and temperature was measured and 
controlled with Ni–CrNi thermocouples. At the beginning of an experiment, each specimen 
was heated up to test temperature at zero stress. Complex LCF (CLCF) tests were 
performed under fully reversed strain control (with strain ratio of –1) at room temperature 
(RT) and 700 °C with total strain amplitudes of 0.4 /0.6% and 0.25/0.3%. The CLCF 
experiments consisted of an aperiodic and a periodic part. In the aperiodic part, different 
strain rates and hold times up to 30 min are used. In the periodic part, the specimen was 
cyclically loaded with a nominal strain rate of 10-3 1/s at constant strain amplitude until failure 
[20]. Thus, effects of the loading rate, relaxation and cyclic material behavior can be 
determined in a single experiment. Figure 3.1a shows schematically the loading history 
applied in CLCF tests. To characterize the material behavior under creep-fatigue loading, 
slow cyclic tests were performed with and without hold times at strain rates 10-4 1/s, 10-5 1/s 
and 5·10-6 1/s. Figure 3.1b schematically shows the cyclic loading conditions of a creep-
fatigue test with hold time of 1600 s in tension and compression. Further details about the 
test setup can be found in [5]. 

a)  b)   

Figure 3.1 Schematics of cyclic tests a) complex loading in CLCF tests b) cyclic loading in 
creep-fatigue tests with hold times of 1600 s in tension and compression. 

 

Additionally, crack growth measurements were performed at RT and 700 °C using corner 
crack specimens with quadratic profile (edge length 8 mm) together with a potential drop 
system. Specimens were taken from solution-annealed (FORGING-LG) and service exposed 
(TUBE-COMTES700-SE) material. The depth of the crack starter notch was 1 mm. Figure 
3.2 shows the experimental setup and the loading history used for these crack growth tests. 
In addition the growth of surface cracks was measured using the replica technique with 
standard LCF specimen taken from SHEET-SG material. For more details see [5]. 

 



  

Figure 3.2 Experimental setup and loading history of crack growth tests 
 

Fracture surfaces were examined by scanning electron microscopy (SEM) using a 
CAMSCAN CS 24 to determine the crack initiation and propagation modes. 

4 Results from fatigue and creep-fatigue tests 

4.1 Time and temperature dependent plasticity 
Figure 4.1 and Figure 4.2 show the stress response to the complex cyclic loading in CLCF 
tests at RT and 700 °C performed with the materials  listed in Table 2.2. In the periodic part of 
the experiment, only peak stresses are shown. 

 

Figure 4.1 Stress response to the CLCF loading according to Figure 3.1a at room 
temperature (RT) and total strain amplitude of 0.4/0.6% 

 



 

Figure 4.2 Stress response to the CLCF loading according to Figure 3.1a at 700 °C and 
total strain amplitude of 0.25/0.3% 

 

From these CLCF tests the cyclic yield strength at 0.2% plastic strain is determined from the 
first hysteresis loops respectively. Figure 4.3 summarizes the resulting values of the half 
cyclic yield strength which is approximately equivalent to the 0.2% proof stress from tensile 
tests. 

 

Figure 4.3 Half cyclic yield strength values at 0.2% plastic strain from the first hysteresis 
loops of the performed CLCF tests at room temperature and 700 °C 

 

Figure 4.4 shows the cyclic stress response of the slow cyclic tests performed with SHEET-
LG and SHEET-SG material at 700 °C with ��,� = 0.3% and nominal strain rates of � =
10��	1/� (left) and � = 10��	1/� (right). Despite initial differences in the cyclic hardening 
behavior of the solution-annealed and stabilized material, the σ(N) curves converge after 
several cycles.  

 



 

Figure 4.4 σ(N) curves of slow cyclic tests at nominal strain rates of � = 10��	1/� (left) and 
� = 10��	1/� (right), according to [5]. Here, only peak stresses are shown. 

 

In Figure 4.5 the results of the slow cyclic tests performed with the solution-annealed 
SHEET-LG material, the stabilized SHEET-SG material and the aged SHEET-AG and TUBE-
COMTES700-SE materials are shown. Testing conditions are 700 °C with ��,� = 0.5% and 
nominal strain rates of � = 5 ⋅ 10��	1/� including hold times of 1600 s, according to Figure 
3.1b. Again the stress time curves converge after several cycles. 

 

Figure 4.5 Stress time curves of slow LCF tests according to Figure 3.1b performed at 
700 °C with SHEET-LG, SHEET-SG, SHEET-AG and TUBE-C OMTES700-SE 
material. 

 



4.2 Fatigue crack growth and lifetime 
According to the concept of the alternating slip mechanism, the crack growth per cycle da/dn 
is proportional to the cyclic crack tip opening displacement ∆CTOD:  

 

 
��

��
= �∆�����, (1) 

 

whereat the exponent B≈1 and 0.1<�<1. ∆CTOD can be estimated with fracture mechanics 
solutions. In case of small scale yielding (ssy) it is: 
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Here ∆K is the cyclic stress intensity factor, υ and E are the elastic values, dN considers the 
hardening behavior (dN≈0.5, see [21]) and σcy is the cyclic yield stress. Figure 4.6 shows the 
measured crack growth rates in Corner-Crack specimens at RT and 700 °C of different 
material states depending on ∆CTODssy. The material state in ∆CTODssy is considered by 
using the state dependent cyclic yield stress according to Figure 4.3. Because of significant 
higher crack growth rates at 700 °C, β has to be chosen temperature dependent to describe 
the crack growth according to Eq. (1). At 700 °C, i t is β700°C =4.0, which is about one decade 
higher than the value at room temperature (βRT=0.4). 

 

Figure 4.6 Crack growth rates depending on ∆CTOD measured at different material 
states and temperatures (RT and 700 °C) in Corner-C rack specimens. 

 



A similar effect concerning the temperature dependency is discovered in standard low cycle 
fatigue (LCF) tests together with the replica technique. For LCF specimens ∆CTOD can be 
approached from fracture mechanics solutions for semicircular cracks (sc):  

 

 ∆���� . = �/��0 = �"12
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0 (3) 

 

The damage parameter ZD according to Heitmann [22] considers the loading values of 
stress-strain-hysteresis loops at half lifetime. By integrating Eq. (3), the crack length is 
obtained as:  

 0 = 3�4#1 − 5%�/��
� + 07

#8��%9
:

:;< (4) 

 

Figure 4.7 represents the developing of the crack length depending on the number of cycles 
determined in replica tests at room temperature and 700 °C in the SHEET-SG material state. 
To describe the crack behavior at 700 °C according to Eq. (4), β has to be chosen about 
factor of eight higher referred to β at room temperature.  

 

Figure 4.7 Crack length versus number of cycles in replica tests at room temperature and 
700 °C with ��,� = 0.5%. 

 

The introduced crack growth law in Eq. (1) can be used for lifetime evaluation by calculating 
the number of cycles, which are needed to achieve a critical crack length af. The number of 
cycles till failure Nf results from Eq. (1) by separating the values and integration, whereat 
∆CTOD is expressed by Eq. (3). In case of B>1 it is: 
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Figure 4.8 shows Dfat depending on the number of cycles till failure for several LCF tests. For 
all experiments it is supposed a0=20 µm and af=1500 µm. A consistent description of the 
lifetimes is possible for room temperature and 700 °C, if β is chosen like identified in the 
replica tests. Tests at different material states are lying inside a scatter band of factor two. 
 

 

Figure 4.8 Evaluation of lifetime by using the damage parameter Dfat 
 

4.3 Fractography 
The results from fracture mode analysis of CLCF loaded specimens taken from SHEET-LG, 
SHEET-SG and SHEET-AG material have already been presented at MPA Seminar 2010 
[24] and can also be found in [5] and [14]. For the sake of completeness, a short summary of 
these results are presented again in this work in Table 4.1. 

The listed fracture modes in Table 4.1 are observed after cyclic testing with a constant 
nominal strain rate of 10-3 1/s. Figure 4.9 shows SEM fractographs representing typical 
regions of fatigue crack initiation and propagation for slow cyclic loading at 700 °C with a 
nominal strain rate of 10-5 1/s for SHEET-LG and SHEET-SG material. In the SHEET-LG 
material, crack initiation and propagation occurs mainly transgranular. However, in the 
transgranular fracture surface isolated grain boundaries can be found indicating intergranular 
fracture portions during crack initiation and propagation. In contrast, the SHEET-SG material 
shows a purely transgranular crack initiation and propagation.  

 

 

 



Table 4.1 Results from fracture mode analysis of CLCF loaded specimens (loading 
according to according Figure 3.1a) 

 RT 700 °C 900 °C 

SHEET-LG 
crack initiation and 
propagation purely 

transgranular 

crack initiation and 
propagation purely 

transgranular 

crack initiation mostly along 
grain boundaries, after two to 
three grains crack propagation 
revert to transgranular mode 

SHEET-SG 
crack initiation and 
propagation purely 

transgranular 

crack initiation and 
propagation purely 

transgranular 

crack initiation and propagation 
purely transgranular 

SHEET-AG 

crack initiation purely 
transgranular, further crack 

growth predominantly 
transgranular with partly 

intergranular fracture 

crack initiation and 
propagation purely 

transgranular 
(not investigated) 

 

a)  b)  

Figure 4.9 SEM images of fracture surfaces after slow cyclic testing at 700 °C with 
nominal strain rate of 10-5 1/s typical for a) SHEET-LG and b) SHEET-SG 
material. In the SHEET-LG material initiation and propagation occurs mainly 
transgranular with isolated intergranular fracture portions, fracture mode in the 
SHEET-SG specimen is purely transgranular 

 

Further SEM results of slow LCF specimens loaded with a nominal strain rate of 5·10-6 1/s at 
700 °C with hold times in tension and compression ( according to Figure 3.1b) are shown in 
Figure 4.10 for SHEET-LG, SHEET-SG and SHEET-AG material. Due to the increasing 
creep portion resulting from the loading cycle, intergranular damage is increased. Especially 
the SHEET-LG specimen shows numerous intergranular crack initiation sites (Figure 4.10a) 
as well as isolated grain boundaries in the middle of the otherwise transgranular fracture 
surface. Also in the stabilized SHEET-SG material a partly intergranular crack initiation 
(Figure 4.10b) can be observed, whereas further crack propagation occurs purely 
transgranular. Differences in crack initiation can already be observed at the skin surface of 
the specimens. Figure 4.10c and Figure 4.10d show SEM images of the skin surface of the 
SHEET-LG (c) and SHEET-SG (d) specimen after slow LCF loading for N=100 cycles. In 
case of the SHEET-LG specimen, several fatigue cracks predominantly initiate along grain 
boundaries, whereat the grain structure is clearly. In case of the SHEET-SG specimen 
surface, no grain boundaries are visible and only a single fatigue crack can be found initiating 



at the end of a slip line (crack highlighted by a circle) and thus along a grain boundary. This 
is due to the fact that the end of a slip line is always given by a grain boundary. 

a)  b)  

c)  d)  

Figure 4.10 SEM images after 700 °C slow LCF testin g according to Figure 3.1b of fracture 
surfaces (a and b) and of specimen skin surfaces after N=100 cycles (c and d) 
of SHEET-LG (a and c) and SHEET-SG (b and d) specimen. Figures taken
from [5]. The SHEET-LG specimen shows numerous intergranular crack 
initiation sites already after N=100 cycles. In the SHEET-SG specimen only a 
single intergranular crack initiation site could be found in an otherwise 
transgranular fracture surface. 

 

5 Discussion 

5.1 Modified time-temperature-precipitation diagram 
From the present state of knowledge a new time-temperature-precipitation diagram of Alloy 
617 (and accordingly Alloy 617B) can be derived, which was done in the work of Maier [5]. A 
simplified version of the time-temperature-precipitation diagram proposed in [5] is presented 
in Figure 5.1. Therein, the precipitation of primary M6C-carbides is put into perspective, 
inasmuch as the occurrence of these primary carbides particularly depends on the chemical 
composition and on the solution-annealing temperature, [5][11]. From literature, some 
authors could detect primary M6C-carbides in solution-annealed Alloy 617 samples mostly at 
large angle grain boundaries, e.g. [6]-[8], while others, e.g. [9][10] could not detect primary 
M6C-carbides in their Alloy 617 samples. Additionally, in contrast to the diagram of Kirchhöfer 
et al. [17], “Start �′” has been moved to longer aging times, since in literature �′-precipitates 



could at the earliest be detected after 10 h at 700 °C, [10]. Furthermore, the maximum 
temperature at which �′-precipitates can just precipitate has been reduced from as yet 
approx. 1000 °C to approx. 930 °C. Since in literat ure no reliable information about the 
formation of the �′-phase above 900 °C could be found, the reduction o f the ”�′-start” 
temperature of 930 °C is more or less arbitrary and  needs to be verified by further 
investigations. In Wu et al. [6] a shaded region is added to the time-temperature-precipitation 
diagram of Alloy 617 indication a limited �′-formation. In this region, the presence or absence 
of �D could depend on the specific-heat chemistry (Al content) and on the reaction 
M6C+� →M23C6+�D (which releases Al into the matrix), and it provides little or no 
strengthening contribution [6]. Based on the microstructural observations in the work of Maier 
[5], the region of limited �′-formation is extended as indicated by the red shaded region. A 
further modification proposed by Maier [5] is the introduction of a grey shaded region 
indicating the formation of secondary fine carbides of the type M23C6, which provide a 
considerable strengthening contribution. The “Start M23C6” has been defined by means of 
experimental observations from several isothermal LCF tests. For more details see [5].  

 

 

Figure 5.1 Modified time-temperature-precipitation diagram of solution-annealed Alloy 617 
(and accordingly Alloy 617B) based on the work of Maier [5] 

 

5.2 Cyclic plasticity and lifetime 
The results from CLCF tests at room temperature and 700 °C (Figure 4.1 and Figure 4.2) 
indicate that cyclic viscoplastic deformations depend on the heat treatment and thus on the 
state of the precipitate microstructure: specimens in solution-annealed material conditions 
show low initial yield strength, γ’-hardened specimens high initial yield strength (compare 
Figure 4.3). The stabilizing heat treatment does not affect the yield strength of the material 
considerably, due to the resulting carbide distribution and size. Differences in initial yield 
strength of the SHEET-LG and FORGING-LG material are most likely due to differences in 
product form and thus different cooling conditions from solution-annealing temperature: 



Cooling from solution-annealing temperature of the FORGING-LG material with OD660 takes 
place much slower than cooling from solution-annealing temperature of the 30 mm thick 
SHEET-LG material. During the slower cooling a higher amount of M23C6 precipitates can 
form, leading to an increased material strength. A further reason for the higher initial strength 
of the FORGING material in comparison to the SHEET material could be differences in the 
dislocation microstructure due to different manufacturing technologies. The comparatively 
high initial yield strength of the service exposed COMTES700 material is most likely caused 
by a particular high dislocation density as a result of the service loading.  

During cyclic loading at temperatures around 700 °C , solution-annealed specimens show 
pronounced cyclic hardening in comparison to the stabilized and aged material conditions, 
see Figure 4.2. Consequently, the stress time curves of the different materials converge after 
several cycles. This could be observed for all tested strain rates and cycle forms. 

In order to understand the ongoing mechanisms responsible for the different cyclic hardening 
behavior, a solution-annealed SHEET-LG specimen and a stabilized SHEET-SG specimen 
are cyclically loaded for 3 h at 700 °C with consta nt strain amplitude of 0.4% and strain rate 
of 10-3 1/s. Subsequently, the resulting precipitation states of both specimens were analyzed 
using TEM. Figure 5.2 shows the measured stress responses during the cyclic loading 
together with typical TEM images of the tested specimens. In the σ(N)-diagram only peak 
stresses are shown after three cycles. In Figure 5.2a a STEM–HAADF image of a typical 
region inside a grain of the SHEET-LG material is shown, where fine M23C6 precipitates can 
be detected on dislocations. Due to the fact that their size is less than 20 nm they could not 
be captured by EDX measurements but the presence is proven by their characteristic 
reflections in the respective diffraction pattern presented in Figure 5.2b. Figure 5.2c shows a 
STEM–HAADF image of a typical region inside a grain of the SHEET-SG material where no 
coarse carbides are present. In the respective diffraction pattern shown in Figure 5.2d no 
evidence of fine carbide precipitates could be found inside the SHEET-SG material. The 
substantial cyclic hardening of the solution-annealed material can therefore be explained by 
the precipitation of fine M23C6 carbides with a size <20 nm. These fine carbides will not form 
after stabilizing heat treatment, likely because the needed carbon is bound in large carbides. 

From further investigations in the work of Maier [5], it becomes apparent, that in case of a 
superimposed mechanical loading the precipitation kinetics of fine carbides is accelerated. 
This is due to an enhanced diffusion of carbide forming elements along dislocations (pipe 
diffusion). Enhanced nucleation and growth of precipitates in solution-annealed Alloy 617 
under fatigue loading compared with isothermal aging for equivalent time durations and 
temperatures was already observed by Bhanu Sankara Rao et al. [8]. Concerning the 
precipitation kinetics of �′-precipitates, no dislocation induced �′-precipitation could be 
observed by Maier [5], either in the LG material or in the SGH material.  

The performed experiments illustrate that room temperature low cycle fatigue life depends on 
the preceding heat treatment. However, at 700 °C fa tigue lifetime is almost independent on 
the initial material condition. Crack growth rates at RT and 700 °C can be described 
consistently, if ∆CTOD is used as loading parameter and σcy is set depending on the material 
state, see Figure 4.6. The lifetime model based on ∆CTOD is predicting the number of cycles 
to failure for LCF tests at room temperature and 700 °C with adequate precision. Although 
∆CTOD is used, no unique description is possible for both testing temperatures as shown in 
Figure 4.6, Figure 4.7 and Figure 4.8. It is necessary to set β as temperature dependent 
parameter which disagrees with the idea of the alternating slip mechanism. Corner crack 
specimens from solution-annealed and longtime service-exposed material show an 
increased fatigue crack growth at 700 °C by about o ne decade compared with room 
temperature. A similar effect is discovered with standard low cycle fatigue specimens from 
stabilized material using the replica technique. The discrepancy of the crack growth and 
lifetime behavior between room temperature and high temperature may be caused in 
additional creep and environmental effects at the crack tip at high temperatures. A method to 



describe these effects is proposed e.g. in [23] and is leading to a mechanism based 
description of the crack growth behavior independent from the temperature. 

 

 

Figure 5.2 Stress response and TEM images of SHEET-LG and SHEET-SG specimens 
cycled at 700 °C with ��,� = 0.4% and � = 10�G1/� for 3 h, a) STEM–HAADF 
micrograph of LG material with dislocations that appear with white contrast, b) 
TEM diffraction pattern in [100] zone direction of a) with reflections of the fcc 
matrix and M23C6 carbides, c) STEM–HAADF micrograph of SG material of a 
region where no coarse carbides are present, and d) TEM diffraction pattern in 
[100] zone direction of c) with reflections of the fcc matrix, taken from [14]. 

 

Fractographic investigations show that the stabilizing heat treatment reduces the 
susceptibility to intergranular crack initiation under cyclic loading at high temperatures: In the 
solution-annealed SHEET-LG material crack initiation and partly also crack propagation was 
intergranular. After the stabilizing heat treatment crack initiation and propagation was purely 
transgranular for all applied strain rates. Intergranular fracture in the solution-annealed 
material could also be observed in slow strain rate tests at 700 °C including hold times. The 
intergranular fracture portion of the aged material after CLCF testing at low temperatures is 
most likely due to the presence of homogeneously distributed �′-precipitates within the 
grains, leading to a relative strengthening of the matrix compared with the grain boundaries. 



6 Summary and conclusion 
Alloy 617 B in six different conditions were investigated differing by heat treatment (including 
service exposure) and/or production process with the following results: 

• In solution annealed materials, fine M23C6 carbides are formed at temperatures 
around 700°C leading to a considerable increase in yield stress. This precipitation is 
accelerated under superimposed cyclic load.  

• During stabilizing heat treatment coarse M23C6 carbides are formed. These carbides 
contribute little strength but prevent the precipitation of fine carbides during 700 °C 
service by binding the available carbon. 

• �′-precipitates will further increase the yield stress, but only form after considerable 
aging time. No evidence for any influence of a superimposed mechanical loading on 
the �′- precipitation kinetics was observed. 

• Though initial stress levels depend heavily on the material condition, stress levels 
converge during the experiments at 700 °C over time . 

• The ∆CTOD mechanism-based crack growth concept is able to describe crack 
advancement and hence lifetime at both room temperature and 700°C independent 
on the material states. 

• LCF tests with lower strain rates enable to observe application relevant loading 
conditions in the lab. In these slow LCF tests, solution annealed specimens showed 
partly intergranular crack initiation and crack propagation while stabilized specimens 
showed a purely transgranular fracture mode. Consequently lifetime for solution 
annealed state is shorter in slow LCF tests compared to a stabilized material, with the 
difference increasing with slower strain rates. 
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Abstract 
The present work describes an approach to evaluate the expected fatigue damage of power 
plant components under thermo mechanical fatigue loading by use of finite element 
simulations in conjunction with mechanism based material models.  

The material is described with two models: A Chaboche type model that describes cyclic 
plastic deformation as well as time dependent deformation (creep) under non-isothermal 
conditions. Creep fatigue damage is modeled by a mechanism based fatigue crack growth 
model based on the damage parameter DTMF. Both these models can be calibrated with lab 
experiments. 

With a finite element model of the component, temperature time fields are calculated by 
means of an energy transfer from steam to the component. The component deformation 
under cyclic load is then calculated taking into account both the primary load and the thermal 
stresses, which are based on the temperature time fields. 

Calculating the creep fatigue damage (and hence component lifetime) can be difficult since 
due to delaying effects, such as heat transports through thick walls and stress redistribution, 
each part of the component experiences an individual load cycle, often shifted in time to the 
cycle of exterior conditions. An automatic and user friendly post processing procedure is 
introduced, that gives a lifetime assessment based on the deformation calculation. 

1 Introduction / Motivation 
Renewable energy sources are changing the operation mode of conventional power plants 
significantly. Due to frequent load changes, fatigue is becoming an important influence of 
lifetime, especially for thick walled and geometrically complex components. Traditional 
analytical calculation methods as the DIN EN 12952-3 assume some worst case 
approximation (e.g. in phase addition of primary and secondary loads) as well as 
assumptions of unknown accuracy (e.g. linear addition of creep and fatigue damage). The 
influence of time dependent effects such as stress rearrangement and time delay by heat 
transports are not taken into consideration either. To compensate this, ample safety factors 
are introduced leading to an overly conservative estimation of component lifetime. 

More sophisticated material models and geometrical considerations are required to optimize 
components to their full extend. Finite element simulations used in the design process can 
enable to optimize component geometry and/or operation mode with little or no need of 
extremely difficult and expensive component tests. 

2 Material models 
2.1 Time and temperature dependent plasticity 
2.1.1 Chaboche model 
In order to describe the deformation behavior of the material under non-isothermal high 
temperature conditions including time dependent effects such as creep a model according to 
Chaboche is used [1].  

The stress rate ij  is computed from (using Einstein notation): 
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where  and  are the viscosity parameters. ij = ’ij -ij denotes the effective stress, where 
’ij is the deviatoric part of the stress tensor and ij is the backstress tensor, eq is the von 
Mises equivalent stress. The yield stress Y  may change during the experiment due to 
isotropic hardening as follows: 
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The function  is introduced to model cyclic hardening and softening: 

 ( ) ( ) ( ) ( )1 expk k k k
ss ss p         . 

The model contains the following temperature dependent material parameters: 

 E,  (in ijklC ) and  (in ) describing the thermoelastic properties of the material, 

 K and n, describing the viscous properties of the material, 
 , ,  and , describing the isotropic hardening 
 C(k), (k), R(k), ss

(k) and (k), describing the kinematic hardening of the material. 
 

The model is able to describe temperature and rate dependent cyclic plasticity as well as 
relaxation and creep. Hence in order to calibrate the model, these effects must be activated 
in experiments. Therefore, at Fraunhofer IWM isothermal fatigue tests with complex pre-
programs are used (CLCF-experiments) as shown in Figure 2.1. 

 

Figure 2.1 Strain over time of a complex pre-program (left) and resulting temperature 
dependent material response (right) 



After the complex pre-program, typically a normal low cycle fatigue experiment with strain 
rate 10 1/ 	 is conducted. This cyclic part gives information about cyclic hardening or 
softening as well as fatigue lifetime. In addition creep experiments are used to calibrate the 
viscous properties and if desired tensile tests can be used to extend the described strain 
range. 

Model calibration is based on isothermal experiments and verified with non-isothermal 
thermo mechanical fatigue experiments (TMF). 

A model of this complexity is needed to accurately describe cyclic plasticity as well as time 
dependent effects such as primary and secondary creep and stress relaxation. Due to long 
time scale in power plants load changes these effects can play an important role in the 
resulting mechanical response of the component and the hence estimated creep fatigue 
damage. 

 

2.1.2 Model modification for nickel based super alloys 
Nickel based materials show a peculiar cyclic hardening behavior during non-isothermal 
loads. In TMF experiments stresses during the cold phase of the experiment increase 
significantly more than in isothermal experiments at the same temperature as shown in 
Figure 2.2. 

Figure 2.2 First cyclic and mid lifetime hysteresis of a CLCF-test at 400 °C (left) and a 
TMF-test between 400 °C and 720 °C (right) of Alloy 617B. Cyclic hardening 
of the 400 °C side of the non-isothermal TMF-test is approximately three 
times as high as in the isothermal experiment 

 

The Chaboche model is modified phenomenologically to incorporate this additional cyclic 
hardening effect by introducing an additional influence on the yield stress. The cause of this 
hardening effect was not found in the precipitation microstructure: Maier [4] did several TMF 
experiments on Alloy 617B and C263 in different material conditions and found a similar 
hardening behavior for all material states, even for the long-term aged material condition. 
Thus it is assumed, that in TMF-tests dislocation networks are formed during the high 
temperature part of the experiment leading to an additional hardening effect at the low 
temperature part of the non-isothermal experiment. Up to the present time, this assumption is 
still unproven.  

The modified yield stress is given as follows [4]: 

 , 1 exp 	  (1) 

 

where the dislocation density  develops with: 



 , 1 exp  (2) 

 

This model modification only affects the cyclic hardening behavior during non-isothermal 
loading. Figure 2.3 shows the effect on a TMF experiment (350°C-800°C) of C263. 

  

Figure 2.3 Cyclic hardening behavior of the unmodified (left) and modified (right) model 
with experimental values as black boxes and corresponding model response 
as red line. 

 

2.2 Creep-fatigue damage and lifetime 
The lifetime model is based on the growth of small fatigue cracks and assumes that in the 
low cycle regime crack initiation has little influence on lifetime compared to crack growth. The 
crack tip blunting approach is a mechanism based approach capable of describing TMF 
fatigue crack growth [8]. It concludes that the crack growth of a cycle ⁄  is proportional to 
the crack tip opening displacement Δ : 

 Δ  (3) 

 

In an elastic-plastic material under proportional uniaxial loading the following estimation of 
Δ  of a small semicircular crack under cyclic mode I conditions was introduced by 
Heitmann et al in [6]: 

 Δ ⋅

. , .

⋅  (4) 

 

Here Δ  and Δ  refer to the stress and strain range respectively. In addition the indices I 
and eq signify the maximal principal and equivalent stress or strain respectively. Δ ,  is the 
stress range during which the crack is open and is calculated as follows: 

 Δ , Δ ⋅ 3.72 3 . ,  (5) 

 



with the stress ratio / . ZD is an analytical estimation of the cyclic J integral, that 
was derived for monotonic loads (and power law hardening material) by He and Hutchinson 
in [5]. 

The ZD Parameter was extended by Riedel [7] to the DCF parameter to incorporate viscous 
material behavior (e.g. creep) in special load cases. Based on the Norton creep law, this was 
further developed for arbitrary creep fatigue loads by Schmitt et al [3] to the DTMF parameter. 

 , ⋅  (6) 

 

The F-function is dependent on the time-temperature-stress history. For time independent 

load cases (for example at room temperature) F=1. Using Δ  we get: 

 Δ  (7) 

 ⟺  (8) 

Integrating from the experiment start (with crack length a0) to the failure after Nf cycles with 
crack length af we get: 

 ln  (9) 

For conditions where DTMF and  are constant through the lifetime (e.g. constant load, little 
cyclic hardening/softening): 

 ln ⇔

≔

 (10) 

The parameter A can be considered a material constant and determined by fatigue and 
creep-fatigue experiments. This allows for lifetime evaluation by calculating DTMF for given 
load cycle and then the expected cycles till failure with above formula.  

 

A cycle or hysteresis consists of a separate loading and unloading part. The DTMF value for 
the full cycle is considered to be the average of the individual values from these parts. The 
DTMF model has been successfully calibrated to many different materials. It is able to describe 
isothermal experiments from different temperatures as well as non-isothermal experiments 
with and without hold times and varying strain rates. The fatigue crack growth predicted by 
the model was shown to be in good agreement with experimental results obtained from both 
replica experiments as well as potential drop measurements on corner crack specimen. 



  

Figure 2.4 Evaluation of lifetime of Alloy 617B in different material conditions by using 
the damage parameter DTMF, taken from [4]: 

3 Component simulation 
The component simulation is done in three steps: First a thermal calculation to acquire 
temperature time fields in the material. These temperature time fields then serve as an input 
to calculate the blocked thermal expansions and resulting stresses and component 
deformation. In a last step a damage evaluation is done by post processing to calculate the 
expected cycles till failure under the given load. While approaches to these three steps are 
presented here, each approach could be substituted with a different method that generates 
comparable output. For example computational fluid dynamics (CFD) simulations could be 
used to obtain temperature time fields. 

3.1 Thermal calculation 
During startup power plant components are heated by the hot steam. Also at the same time 
heat is lost through the insulation. Both of these effects can be modeled with a heat transfer, 
where the transferred power P per area A is: 

 ⋅ ,  (11) 

with heat transfer coefficient . The approach described in the VDI-Wärmeatlas 2013 [2] to 
model the influences of steam mass rate, speed and temperature on the heat transfer 
coefficient are used. For components subject to a relatively homogenous steam flow such as 
pipes and bends, this is considered to be of good accuracy compared to full scale CFD 
analysis.  

For the simulation, the finite element model of the component is initiated at the lower end of 
the temperature cycle and the temperature cycle is simulated at least twice to avoid artifacts 
from the starting conditions. The temperature time fields from the last cycle are used for the 
following step. 

Temperature time fields obtained this way compare well to measured temperature time fields 
in several real world components (e.g. GKM-HWT-II test rig). 

 

3.2 Mechanical calculation 
For the mechanical calculation the primary loads (e.g. inner pressure) are applied as 
boundary conditions. These loads might include stresses passed along the pipe system or 



supports. Boundary conditions for a typical load situation of a thick section pipe are shown in 
Figure 3.1. 

 

Figure 3.1 Boundary conditions and loads on a pipe. Arbitrary (time dependent) primary 
forces and moments can be applied on the ends. Both ends are forced to 
stay in a plane. In addition (not shown) the inside pressure is applied to the 
inner surface. 

 

 

Secondary stresses are caused by blocked thermal expansions of the temperature change. 
The deformation and resulting stresses are calculated with the Chaboche type model 
presented in chapter 2.1 implemented in the UMAT (user material) routine ThoMat. 

 

Typical for fatigue damage is that stresses are highest at the inside of the component, where 
the temperature change is caused and temperature gradients are highest. 

3.3 Damage evaluation 
Creep fatigue lifetime is evaluated with the DTMF model described in 2.2. In order to apply the 
model the load change times – the points in time where the loading or unloading branch of 
the hysteresis start and end – have to be determined. Unlike in a lab experiment these time 
points might not be obvious and significantly shift within the component. This can be caused 
by several effects: 

 Heat can take some time to travel through a thick component and hence the thermal 
gradient (and thus thermal stresses) may reach some part of the component with a 
delay. 

 During longer hold times (e.g. operation), stresses can rearrange within the 
component. 

 The two main causes of stress (pressure, temperature gradients) might not be 
perfectly in phase. If stress levels in some parts of the component are dominated by 
the thermal behavior and in others by the pressure, the load change times differ. 

As an example Figure 3.2 shows two stress over time curves that are taken from different 
locations of a component simulation and the load change points that maximize the damage 
Parameter DTMF. 



Figure 3.2 Stress over time curves from two different locations of a power plant 
component simulation with marks at the load change times that maximize 
DTMF. Note on the right that due to the creep damage during the hold time 
maximum creep fatigue damage is not achieved for the cycle that maximizes 
the stress range. Conflicts such as the tradeoff between slightly lower fatigue 
but more creep make the decision for the most damaging load change points 
almost impossible to decide for a user. 

 
 

Since the problem to find the correct load change times cannot be solved by a person for 
every location of a component a post processing tool for the finite element program ABAQUS 
was developed that finds these automatically. Figure 3.3 shows the steps taken by the post 
processing program. 



 

Figure 3.3 Calculation steps done by the post processor.  

 
At the end of the post processing the chosen load change times (t11, t12, t22) and estimated 
cycles till failure (NF) are written in the Abaqus .odb file as fields and can then be used for 
graphic presentation or further calculations.  

 

 



Figure 3.4 The first load change time point for a pipe made from Alloy 617B during a 
startup from 300°C to 700°C. During the startup blocked thermal expansion 
lead to compression stresses on the inside. The chosen time point at the 
inside (in cyan-green) corresponds to the maximum temperature gradient in 
the component. These compression forces have a counter tensile stress on 
the outside. Approximately in the middle of the wall is a section (in red) which 
is neutral and hence hardly sees any thermal stresses. It only reacts to the 
pressure cycle and chooses a significantly different load change time. 

 

4 Discussion 
A procedure for the numerical assessment of power plant components by finite element 
simulation was described. In addition the used models for viscoplastic deformation and 
creep-fatigue lifetime were described. For both models software tools exist at Fraunhofer 
IWM that are ready to use in the finite element program ABAQUS. This enables to assess 
creep-fatigue lifetime of components made of a characterized material under known loading 
conditions. 

The accuracy of such a lifetime assessment depends on the accuracy of the underlying 
material models and how well the boundary conditions in the simulation match the conditions 
in service. Both the viscoplastic Chaboche type deformation model as well as the DTMF 
lifetime model have been used for a variety of materials over years and have yielded 
accurate descriptions of material behavior. 

The approach offers the possibility to optimize the operation load and/or geometry of a 
component at much lower cost of money and time as a component test and due to the more 
sophisticated models higher accuracy than simple analytical approaches such as the DIN EN 
standard. 

The described procedure of finite element simulation has yielded good results in the lifetime 
assessment of for example exhaust components in the automobile industry. On the other 
hand, since fatigue is relatively new as a contributing factor to component lifetime in fossil 
fired power plants, experiences with power plant components are only made at the moment. 
On some characteristics, which are specific to power plant load changes such as the 
influence of the steam environment on fatigue crack growth or the interaction with creep 
during static operation only little experience exists. 

Two large scale tests with creep fatigue as a major objective are running at the moment: The 
HWT-II test rig at GKM-Mannheim and a test component in the European Union funded 
MACPLUS project. The procedure described in this contribution was used to optimize the 
operation mode in both experiments as well as the geometric design of the MACPLUS 
component. Both tests are scheduled to be finished by the end of 2014 and will hopefully 
provide verification for the described models and calculations. 
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Abstract 
Future power plants will have to operate in a very flexible way in order to compensate 
the volatile availability of renewable energy sources like wind and solar power. 
Additional demands come from the need of high efficiency and, for fossil power plants, 
low emissions. An increase of efficiency and decrease of emissions is directly 
connected to an increase of steam parameters, meaning steam temperature and steam 
pressure. A flexible operation includes a high number of shut-down and start-up cycles 
with high thermal gradients during the designed lifetime of the power plant.  

Components in 700 °C power plants which are subjected to highest temperatures and 
complex loading situations as described above will be made of Ni-based alloys. To get 
fundamental knowledge about damage and failure behaviour of thick walled 
components exposed to such loadings a test rig with high temperature components 
(tubes, pipes, pipe bends, headers, valves) has been erected successfully in the GKM 
Power Plant. By mean of this test rig together with basic experimental work and 
numerical simulation practical experience with such components should be gained, 
considering fabrication and welding, creep-fatigue behaviour including damage and 
failure behaviour. Furthermore new economical design procedures and monitoring 
methods adjusted on the specific material behaviour of components made of Ni-based 
alloys will be worked out and validated by the test. 

The paper describes the phases of design, erection and commissioning of the test rig. 
The realization of the requirements given by project aims as described above in the 
design of the test phase will be described. The test rig has to fulfil the requirements of 
the European Pressure Equipment Directive (PED) as well as the Code AD2000. The 
related actions, taking into account that the Ni-base alloys are not specifically in the 
focus of these Directives and Codes, will be demonstrated. Specific problems during 
the manufacturing with regard to quality assurance and reliability will be discussed. 
First results of the operation phase will be shown. Conclusions based on the 
experiences considering design, manufacturing and inspection will be reported. 

1. Introduction 
Future power plants will have to operate in a very flexible way in order to compensate 
the volatile availability of renewable energy sources like wind and solar power. 
Additional demands come from the need of high efficiency and, for fossil power plants, 
low emissions.  

An increase of efficiency and decrease of emissions is directly connected to an 
increase of steam parameters, meaning steam temperature and steam pressure. A 
flexible operation includes a high number of shut-down and start-up cycles with high 
thermal gradients during the designed lifetime of the power plant.  

Necessary steps towards the realization of a 700 °C power plant include therefore:  

 Qualification of new materials for 700°C application 

- Acquisition of material data and knowledge about deformation, failure and 
damage behaviour 

- Qualification of components manufacturing, demonstration of 
manufacturability and workability of components (rotors, discs, pipes, tubes, 
T-pieces ...  forging, hot rolling, cold drawing… 

- Demonstration of weldability (procedures, consumables) 



 Design optimisation, Adaption to specific material behaviour and loading situation 

- Verification of new design methods 

- Repair and overhaul strategies 

 Demonstration of inspectability  

 Operational experience 

- Identification of specific damage mechanisms not to be detected by 
standard material qualification   

- Information about reliability and risks  

- Evaluation of safety margins 

- Needs of specific monitoring systems and inspection intervals considering 
the specific (damage) behaviour of new materials 

 
In the Grosskraftwerk Mannheim a test rig with thick walled components has been 
installed to investigate the material and component behaviour of future power plants 
under future operating conditions. The steam temperature in the test rig is 725 °C, the 
steam pressure 170 bar. By injection of cooling steam and cooling water the stress-
strain situation due to shut down and start up cycles can be reproduced. The material 
investigations are concentrated on the behaviour of nickel based alloys used for tubes, 
pipes and valves. In the following the experience with the commissioning with the thick 
walled high temperature materials test rig HWT II will be reported. 

Project Aims 
The project is aimed towards the investigation of: 

- Fabrication processes  

- Processing of materials 

- Material behaviour and damage mechanisms under operation  

Special attention lies on the special characteristic of nickel based alloys compared to 
conventional ferritic and austenitic steels. These include, among other, material 
specifications, welding and bending procedures as well as machining of the 
components. Furthermore damage mechanisms and material characteristics, such as 
creep strength values and fatigue strength values will be obtained by the extensive 
material investigations, on site in the test rig and in parallel material investigations.  

Design of test rigs 
The scope of investigations in test rig HWT 2 aims towards thick walled components, 
welds and cyclic behaviour of the materials. This is realized as shown in the schematic 
drawing of the test rig, Figure 1. 

 
 



 
Figure 1: Schematic view of test loop HWT 2 [1] 

 

The focus of test rig HWT 2 lays in the  

- component behaviour under primary and additional secondary stresses (1) 

- fatigue behaviour with temperature cycles between 400 °C and 700 °C (2) 

- stress-strain situation in headers (3) 

- function of HDU bypass valve (4) 

- operation of high temperature control and shut off valves (5) 

 
An isometric view of test rig HWT 2 is shown in Figure 2. 

Test rig HWT 2 operates with the following steam parameters:  

- Steam flow: 4,5 kg/s 

- Steam conditions at the inlet: 166.5 bar / 530 °C 

- Steam conditions at the outlet: 170 bar / 725 °C 

- Flue gas temperature: approx.1260 °C 

- Tube dimensions: 38 x 8.8 mm 

- Pipe dimensions: 220 x 50 mm 

- Tube length (heated): approx. 400 m 

In test rig HWT 2 the steam is also heated up from a starting temperature of 530 °C 
and 170 bar to 725 °C. Following the superheater loops, which are also in the scope of 
investigations, is the first section of the test path with a static temperature profile. In this 
section the material behaviour especially regarding a complex loading situation in pipe 
bends consisting in primary stress due to internal pressure and superimposed 
secondary stresses is investigated. Aim is the investigation of the stress relaxation in 
this area. Secondary stresses are applied via a cross bar that hinders the thermal 
expansion of a pipe bend, see also Figure 4.  



 

 
Figure 2: Isometric view of test rig HWT 2 

 
 

 
 
 
 
 
 
 
 
 
 
 
 
 

 

Figure 3: Cross bar for implementation of secondary stresses in pipe bend 

In the second section of the test rig a cyclic operation is realized via injection of cooling 
steam and cooling water. Within 24 hours of operation 14 load cycles can be achieved, 
see also  

 

Figure 6. The local strains are measured during operation by means of capacitive strain 
gauges. The measurement is part of the life time surveillance for safe operation of the 
test rig. They also will be used for the verification of the numerical simulations. 

Included in the cyclic area of test rig HWT 2 is specific test piece (header model) in 
order to reproduce the local stresses and strain in the nozzle area during start up and 
shut down operation of a future 700°C power plant, see also Figure 6. 

An overview about the welding connections is given in Table 1. It is apparent that many 
welds with various wall thicknesses have been performed as both similar and dissimilar 



connections (ferritic – austenitic steels, austenitic steels – Ni-alloy, Ni-alloy – 
precipitation hardening Ni-alloy).  

An overview on the heat treatment conditions of the bends in the test rig is given in 
Table 2. For Alloy 263 a precipitation hardening heat treatment was required after 
bending and solution annealing. 

Table 1: Overview of welding connections  

Position Type of 
welding 

Joint 
geometry 

Quantity Dimensions in 
mm 

Superheater  Similar  Butt weld  18 38 x 8.0  8,8 
 

Dissimilar  Butt weld  27 38 x 8.0  10  

Test Loop 
static load 
section 

Similar  Butt weld  15 
114,3 x 20 
  220 x 50 

 
Dissimilar Butt weld  2 220 x 50  

Test Loop 
cyclic load 
section 

Similar Butt weld 2 220 x 50 

 
Dissimilar Butt weld 2 220 x 50 

Test Loop 
connecting 
pipes 

Similar Butt weld 42 

168,3 x 10 
137,7 x 6,3 
114,3 x 5 
88,9 x 11,1 

 
Dissimilar Butt weld 4 168,3 x 10 

Fittings 
Similar 
Dissimilar 

Butt weld U-/V-
groove; 

Full penetration 
stub weld 

various up to  245 x 
65  

Table 2: Overview bends thick walled pipes and related heat treatment conditions after 
bending 

Material Dimension 
in mm 

Quantity  Bend radius  
in mm 

PBHT 

Alloy 800 168,3 x 10 6 500 
No heat 
treatment 

Alloy 617 mod.  114,3 x 20 4 300 
Solution 
annealing 

Alloy 617 mod. 168,3 x 10  2 500 
Solution 
annealing  

Alloy 617 mod. 220 x 50  4 700 
Solution 
annealing  

Alloy 263 220 x 50 1 700 
Solution 
annealing and 
precipitation 



hardening  
 

After welding:  

Alloy 617 – stabilization annealing 980°C 

Alloy 617/ Alloy 263 - stabilization annealing 980°C/ precipitation hardening 800°C 

Quality engineering strategy and procedure qualification 
Unit 6 of the GKM power plant where the test rig is installed is indispensable for the 
power operation. A shut down due to faults or failures in the test rig is not tolerable. 
Therefore a sophisticated quality strategy has been applied. The corresponding 
qualification flow chart on the basis of European Pressure Equipment directive (PED) 
and the code AD 2000 is depicted in Figure 4. 
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Figure 4: Qualification flow 

For qualification of the welds large sample specimens were taken from pipes that were 
welded under the same conditions as the pipes in the test rig, see also Figure 5. For 
determination of creep behaviour a capacitive high temperature strain gauge was 
applied across the weld in order to determine the integral strain across the weld. 



 

Figure 5: Large scale specimen for qualification of welds 

The welding technology for the Ni-based alloys was optimized considering all relevant 
welding criteria. In order to check the quality of welding specific tests have been used 
as: 

- Visual inspection per layer 

- PT and RT 

- Mechanical testing (impact tests  of base and weld metal, tensile tests of base 
metal and cross welds at ambient temperature as well as at elevated 
temperatures, bend tests) 

- Metallographic inspection at different positions  

- Hardness tests 

Special emphasis was set on the transferability of the manufacturing processes to the 
real boiler fabrication. 

 

Problems during the manufacturing 
In the frame of the manufacturing process specific experiences have been gathered by 
the project partners. In the following some examples will be reported.  

Cold deformation hardening of machined weld flanks is of strong influence on welding 
of nickel based alloys. This can lead to a lack of side fusion for Alloy 617 mod. and 
Alloy 263. The relatively low interpass temperature of 120 °C should not be exceeded 
during welding.  

Due to the deformation hardening of nickel based alloys the machining also needs to 
be adjusted. Compared to standard austenitic materials of type 17-12-2 the machining 
factor is about 4-6. The demands on tools are high, the endurance of machining tools is 
significantly reduced.  



Cold deformation on the outer surface during manufacturing can lead to formation of 
crack-like defects during inductive bending. An accurate investigation of these possible 
defects is required in order to assure the integrity of the pipe. The increased hardness 
on the outer surface must be removed prior to bending, either mechanically or by 
proper heat treatment.  

Operation 
A particular challenge in the project was the thermal cycling by steam/water injection. 
Of specific interest was the question how many cycles could be produced in a given 
time span. To measure the temperature change a specific instrumentation was used: 
The steam temperature is controlled by two high temperature control valves that are 
positioned at the end of the test rig. The metal temperature was measured by 
thermocouples adjusted on the outer surface as well as in the middle of the pipe wall.  
Thus full information about the thermal gradients – necessary for the numerical 
simulation – have been achieved.  

In Figure 6 the measured temperature cycles are shown. It also demonstrates the 
effectiveness of the test rig in producing 14 cycles within one day. That means that a 
target number of cycles up to 2500 cycles will be obtained within the funding phase of 
the project.  

 

 
 

Figure 6: Temperature cycles in test rig HWT 2 

Numerical calculations 
The operation of test rig HWT II is accompanied with numerical calculations. The 
numerical assessment of test rig operation has been performed prior to test rig 
operation and during operation in order to verify the results. As an example of the 
numerical calculations the results of the numerical calculations on a header test piece 
and a T-piece are depicted.  
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Figure 7: Header test piece in transient section of test rig HWT 2 

Figure 7 shows the design and the comparison of measured and calculated cycles in 
the header test piece. Under consideration of the steam temperature five temperature 
cycles have been calculated. The inner pressure is 170 bar. The calculation was 
performed using a globlal model and a detailed submodel of the hole edges. An elastic-
plastic material behavior was assumed.  

 
 
 
 
 
 
 
 

Characterization via TEM 

 
 
 

By means of numerical calculations the amount of allowable temperature cycles until 
crack initiation will be determined. Based on the actual status of the numerical 
simulation the number of thermal cycles to a possible crack initiation / damage in the 
critical components is up to 2000 – 3000 cycles. However this number has to be 
verified by more detailed calculations including better material parameters.  

Experiences with Test Rig Operation  
Test rig HWT II has been operating since October 2012. In the meantime more than 
5000 hours of operation under 725 °C and 1700 temperature cycles have been 
achieved. In general a very reliable operation of the test rig can be observed. Mainly 
due to design of components, which is partly caused by the downsizing of components, 
few shut down periods and maintenance intervals of the test rig have been performed. 
A first non-destructive inspection of test rig HWT II in April 2013 did not yield any 
defects in the welds or pipes in the critical parts of the test rig.  

The high temperature control valves made of Alloy 617 also show a very good 
functionality. Some not safety relevant events occurred, which however could be traced 
back to specific design aspects, which were caused by the specific requirements of the 
project. These problems have been solved and form a basis for the future improvement 
in manufacturing and design. 

Figure 8: T-piece between temperature control valves HWT 2 



Summary  

Within the commissioning and operation of the test rig practical experiences are 
gained, which will be used for the qualification of components made of Ni-alloys for 
operation under cyclic loading in the high temperature range up to 700°C.  

During the erection phase manufacturing procedures as welding and bending were 
performed under typical conditions of usual fabrication conditions.  A detailed quality 
engineering strategy was developed in order to meet code requirements under 
consideration of the specific material behaviours. From qualification, fabrication, 
operation and the lab test programmes in parallel, a large number of necessary 
experiences and material data are generated. 

The operation phase delivers results and knowledge about the operational and 
possible damage behaviour of components under real loading conditions. This includes 

- Verification of new design methods 

- Identification of specific damage mechanisms not to be detected by standard 
material qualification   

- Information about availability and failure risks  

- Evaluation of safety margins 

- Needs of specific monitoring systems  and inspection intervals considering the 
specific (damage) behaviour of new materials 

- Repair and overhaul strategies 

Up to now all specified aims have been achieved. 
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Abstract 
Design and life assessment of components in fossil fired power plants and more specifically 
in piping systems have to consider different types of loading. For components operated at 
high temperature usually primary stresses and secondary stresses have to be considered in 
different manner. The primary stresses result from the internal pressure and the weight of the 
system and the secondary stresses occur due to restraint of thermal expansion and the type 
of the design of a piping system. Primary stresses depend on the applied load (e.g. internal 
pressure) of the component and occur permanently. In comparison the secondary stresses 
depend on the deformation of the system and relax as a result of the reduction of inelastic 
deformation due to plasticity and creep. In a research project a thickwalled test rig is 
operated at 725°C in Mannheim power plant GKM. A pipe bend made from Alloy 617 is 
subjected to internal pressure and additional loads from the pipe bend. Detailed numerical 
simulations to define an appropriate choice of boundary conditions to model loads from the 
pipe work and gain accurate results for secondary stresses are investigated.  

In the future higher percentage of exhaustion due to cyclic loading of pipework has to be 
taken into account. To this aim pipe work and a sample header made of Alloy 617 and Alloy 
263 are subjected to thermal fatigue in the test rig mentioned above. Numerical simulations 
on the sample header are performed in order to determine data for an appropriate lifetime 
assessment of the component. Results gained from elastic-plastic material models and an 
incremental creep model (Graham-Walles type) as well as a complex Chaboche type 
constitutive equation are compared and used for lifetime assessment by conventional 
methods given by standards and advanced methods using damage parameters included in 
the constitutive equations. Parameters like influence of temperature field and his 
homogeneity and the influence of steam temperature transients are investigated. 

1. Introduction / Motivation 
Up to the year 2022 all German nuclear power stations shall be switched off and the 
renewable energies like wind and solar will replace them. It is planned that the renewable 
energies will supply the major part of the basic load and that conventional power stations are 
only used for the peak loads. The power plants must be in the position to be operated more 
flexible because the number and the speed of startups and shutdowns will increase. To 
improve the efficiency of future power plants it is also aspired to enhance the temperature 
and the inner pressure in the components. The materials of present power plants are not 
suitable for an enhancement. For this reason several candidate materials are investigated in 
research projects. 

One of them is a project called HWT II, where a thick walled test rig with components made 
from the nickel based alloys A617 and A263 is operated at a maximum temperature of 725°C 
in Mannheim power plant GKM. The test rig consists of a stationary and a transient part. With 
the exception of the operational startups and shutdowns the stationary part is operated with 
steam at a temperature of 725°C and an inner pressure of 170 bar to investigate the creep 
behavior. In the transient part of the test rig the steam at 725°C is cooled down to 520°C with 
cooler steam and after this to 400°C with water. After cooling the temperature increases from 
400°C to 725°C, where a short hold time of almost 75 minutes takes place before the cooling 
starts again. One cycle has a duration of almost 105 minutes and the aim is to reach at least 
2000 cycles during the term of the project. The intention of this operation mode is to simulate 
the fast and many startups and shutdowns in future power plants and to investigate the 
thermal fatigue of the used nickel base alloys. 

 



2. Investigations for stationary loaded pipe bend 
In the stationary part is the main focus on a pipe bend from Allloy 617 that is loaded with 
internal pressure and loads resulting from the weight and the choice of fixation of the 
pipework. Furthermore the bend is pre-tensioned with a bar to produce stresses. To 
investigate the creep behavior in the pipe bend different numerical simulations with variation 
of the model complexity and the manner of load application are performed. Two Finite-
Element models used in the analyses are shown in figure 1. On the one hand a detailed 
model of the full pipework including all applied hanger constructions is created with the aim 
to determine the creep behavior in the pipe bend. On the other hand a model of only a small 
area of the pipework with an artificial fixation point is created to investigate the influences of 
the boundary conditions. For both models an inner pressure of 170 bar is applied. For the 
reduced model the boundary conditions (applied forces and moments at the cuts) are a result 
of an elastic calculation of the pipework. The values of these loads are given in table 1. 

Model  cut  Fx / kN  Fy / kN  Fz / kN  Mx / kNm  My / kNm  Mz / kNm 

Full  SN22  ‐0,73  ‐1,43  ‐5,12  ‐1,92  ‐4,27  1,12 

Full  SN05  ‐1,12  ‐7,63  ‐1,46  7,85  ‐0,23  ‐5,39 

area  BÜ3  ‐1,32  15,40  5,14  ‐20,25  2,29  ‐13,75 
Table 1: Forces and moments at the cuts from the elastic pipework calculation 

 

Figure 1: Model of the full pipework (left) and of small pipework area (right) 

In codes and standards usually primary and secondary stresses are treated separately and 
different. The primary stresses result from the internal pressure and the weight of the system 
and the secondary stresses occur due to restraint of thermal expansion and the type of the 
design of a piping system. Primary stresses depend on the applied load (e.g. internal 
pressure) of the component and occur permanently. In comparison the secondary stresses 
depend on the deformation of the system and relax as a result of the reduction of inelastic 
deformation due to plasticity and creep. 

Under consideration of these facts two simulations with different methods of load application 
are performed for each model. In figure 2 the method of stress-controlled and strain-
controlled load applications are shown exemplary for a straight piece of pipe. 



 

Figure 2: Methods of load application: stress-controlled (left) and strain-controlled (right) 

During the stress-controlled simulations the internal pressure and the forces and moments 
are maintained during the creep simulation. That means all loads cause primary stresses. In 
the strain-controlled simulation an additional step is included after the load application, where 
the resulting displacements in the radial and tangential direction are fixed, before the creep 
simulation begins. With the exception of the inner pressure and the axial force all loads 
cause secondary stresses. 

Overall five simulations are performed, two for the full pipework and two for the pipework 
area each with stress- and strain-controlled load application and another stress-controlled 
simulation for the full pipework without the bar to investigate the influence of the pre-tension. 

For the description of the creep behavior in the simulations the Graham-Walles creep law is 
used. The formulation is written in the equation (1) and (2) below. 

2

2

21

1

1

1
10

1
10 m

v

n

MisesAm
v

n

MisesA

DDt


























        (1) 

    2

2

21

1

1
~~ 3

10
3

10 D

D

DD

D

D m

n

Mises
Am

n

Mises
A

qqt

D 




































  (2) 

With this creep law it is possible to describe the primary and secondary creep effects and 
also the tertiary creep effects by including a damage parameter. 

In the context of the evaluation an extrados path is created. The path ran from the inside wall 
to the outside wall at the 45°-Position of the pipe bend. Figures 3 and 4 show the results of 
the calculation, the equivalent stress and the equivalent creep strain at the initially loaded 
state (0h) and after 5000h and 100.000h creep for the extrados path and the five simulations. 



 

Figure 3: Development of equivalent stress before creep and after 100.000 h creep at the extrados path 

The simulation with the full pipework model results in bigger equivalent stresses before creep 
and creep strains after 100.000h creep than the simulation with the pipe work area. At the 
beginning the equivalent stress has the maximum value at the outside wall with almost 267 
MPa for full pipework and 235 MPa for the pipework area. The equivalent stress at the inside 
wall amounts 174 MPa respectively 159 MPa. The plots also show that the biggest part of 
the stress relaxation is achieved after 5.000h. After 100.000h the stresses decrease below 
45 MPa and the gradient is getting small. The equivalent creep strains reach their maximum 
after 100.000h at the inside wall with values between 0,56% and 0,63%. At the outside wall 
strains between 0,17% and 0,29% are determined. The simulation without the bar leads to 
stresses that are on the same level for almost the complete calculation period. The values 
obtained are 53 MPa at the inside and 49 MPa at the outside wall. In comparison to the other 
simulations increase of creep strains is less at the beginning but after 100.000h it exceeds 
the other at the inside wall. 

Overall the path evaluation show that the stress-controlled simulation with the full pipework 
leads to highest and the stress-controlled simulation of the pipework area leads to smallest 
stresses and strains. 



 

Figure 4: Development of the equivalent creep strain after 1h and 100.000h creep at the extrados path 

The chronological sequences of Mises stress and creep strain were assessed by an 
additional evaluation. In figure 5 the developments of Mises stress and creep strain at the 
point of maximum Mises stress before creep for each model are shown. 

 

Figure 5: Chronological evaluation of the equivalent stress an creep strain at the node with maximum stress 

The Mises stresses amount to almost 269 MPa for the full pipework and 241 MPa for the 
pipework area model before creep. After 10.000h creep the stresses have relaxed to values 
of 26 MPa (stress-controlled) respectively 22 MPa (stain-controlled) for the full pipework-
model and 11 MPa (stress-controlled) respectively 16 MPa (strain-controlled) for the 
pipework area model. Only small changes of the stresses have to be identified by this time.  



The development of creep strains start with a strong increase until almost 10.000h. At this 
time point the stress-controlled simulation with the full pipework model reaches the biggest 
value of almost 0,18%. In comparison to this the strain-controlled leads to a creep strain of 
0,17% and the simulations with the pipework area model lead to creep strains of 0,13% 
(stress-controlled) respectively 0,14% (strain-controlled). After 100.000h the creep strains 
amount to 0,31% (stress- and strain-controlled) for the full-pipework model and 0,14% 
(stress-controlled) respectively 0,20% (strain controlled) for the pipework area model. The 
stress level of the simulation without the bar is almost equal during the whole simulation time. 
The increase of creep strain is steady. A maximum value of 0,31% is achieved after 
100.000h. 

In Figure 6 the development of Mises stress and creep strain at the point of maximum creep 
strain after 100.000h creep for each model are shown. 

 

Figure 6: Chronological evaluation of the equivalent stress and creep strain at the node with maximum 
creep strain 

The courses of Mises stress are consistent to the development at the point of maximum 
Mises stress. A difference is that the stress level is only at almost 175 MPa (full pipework) 
and 160 MPa (pipework area) at the beginning. After 10.000h creep the stresses have 
relaxed to values of 55 MPa (stress-controlled) respectively 49 MPa (stain-controlled) for the 
full pipework-model and 50 MPa (stress- and strain-controlled) for the pipework area model. 
By this time only small further changes of the stresses have to be identified. The 
development of creep strains start with a strong increase until almost 5.000h. After this point 
the rise of the creep strain is steady. After 100.000h the creep strains amount to 0,69% 
(stress-controlled) and 0,64% (strain-controlled) for the full-pipework model and 0,64% 
(stress-controlled) and 0,65% (strain controlled) for the pipework area model. For the 
simulation without bar Mises stress decrease from 56 MPa to 48 MPa. The creep strains 
increase almost steady and exceed the results of the other simulation by reaching a 
maximum value of 0,73% after 100.000h. 

A summary of Mises stresses and creep strains before creep and after 10.000h and 
100.000h, respectively, is given in table 2. In the table the allowable stress according to DIN 
EN 13480-3 is also listed which is determined by applying results from COORETEC DE4 [1] 



and DIN EN 10302. The Mises stresses after 100.000h of all simulations are smaller than the 
calculated allowable stress.  

point with… maximum Mises stress before creep maximum creep strain after 100.000h
 Mises stress / MPa creep strain / % Mises stress / MPa creep strain / %
pipework model full area full area full area full area

 t=0h 

stress-controlled 269 241 0 0 176 160 0 0 

strain-controlled 269 241 0 0 176 160 0 0 

stress-controlled 
without bar 

24 - 0 - 53 - 0 - 

 t=5.000h 

stress-controlled 43 24 0,16 0,12 66 59 0,13 0,11 

strain-controlled 36 33 0,15 0,13 60 60 0,12 0,11 

stress-controlled 
without bar 

23 - 0,04 - 57 - 0,13 - 

 t=100.000h 

stress-controlled 15 14 0,31 0,15 46 47 0,69 0,64 

strain-controlled 26 13 0,31 0,32 46 48 0,64 0,65 

stress-controlled 
without bar 

22 - 0,31 - 48 - 0,73 - 

 allowable stress after t=100.000h 

DE4 68 

DIN EN 10302 55 

Table 2: Summary of the Mises stress and creep strain at different timepoints 

 

3. Investigations for a header under  transient loading 
In the future higher percentage of exhaustion due to cyclic loading of pipework has to be 
taken into account. To this aim pipe work and a sample header made of Alloy 617 and Alloy 
263 are subjected to thermal fatigue in the HWT II test rig mentioned above. Numerical 
simulations on the sample header are performed in order to determine data for an 
appropriate lifetime assessment of the component. The experimental database of the Alloy 
263 is small, up to now finite-element simulations were performed using material properties 
of Alloy 617 only. In figure 7 the model of the sample header (left) is shown with radii of 3 
mm at the upper area (middle) and different radii of 3 and 10mm at the bottom area (right).



Figure 7: Model of the sample header with different radii 3 and 10mm at the inner holes 

The plots in figure 8 show the transient of steam temperature and mass flow dependent heat 
transfer coefficient, which is determined with equations given in [2]. The inner pressure is 
steady during one cycle and amounts to 170 bar. 

 

Figure 8: Transient development of the steam temperature and the heat transfer coefficient of one cycle 

Three simulations with an elastic-plastic material model, an incremental creep model 
(Graham-Walles type) and a complex Chaboche model were performed. In the elastic-plastic 
simulation the cyclic flow curves from low-cycle fatigue (LCF) tests were used. With this 
material model it is only possible to describe the isotropic hardening of the material. For the 
second simulation using an incremental creep model the Graham-Walles creep law as 
introduced in chapter 2 before was used. This model is fitted with uniaxial creep tests and it 
does not consider deformation due to cyclic plasticity. The Chaboche Nouailhas Ohno Wang 
(CNOW) model was used for the third calculation. This model is able to describe the isotropic 
and kinematic hardening of the material. The model contains two different flow rules as 



written in the equations (3) and (4). The first one is used to describe the flow at high stresses 
and second one at low stresses. 

Flow rule for hig h 
stresses 
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The first flow rule (3) contains an isotropic and a kinematic hardening rule given in equation 
(12) and (9) and (10),resp. The second flow rule (4) for low stresses contains a kinematic 
hardening equation (11) only. Inelastic strain rate is given by equations (6) and (7) and the 
accumulated strain rate is calculated using equation (8). 
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The parameters of the CNOW model are fitted with uniaxial creep and (complex) low-cycle 
fatigue ((C)LCF) tests. 

The results of the different simulations are plotted in figure 9 to 11. In the plots time courses 
of Mises and maximum stresses and maximum strains are shown for the inner hole with radii 
of 3 mm and 10 mm. These results are shown for these inner holes with the respective 
radius which exhibit the highest stresses (compared to others with same radius). Additionally 
the inner wall temperature at the inner whole is illustrated too. 



 

Figure 9: Results of the simulation with an elastic-plastic material model 

 

Figure 10: Results of the simulation with an incremental creep model 



 

Figure 11: Results of the simulation using the CNOW model 

In the following tables 3 and 4 the maximum and minimum values of maximum principal and 
Mises stress and maximum strain are shown separated for each simulation and the two 
different radii. The tables also contain the amplitudes (∆max-min/2). 

r = 3 mm  1. cycle  2. cycle   

σmax / 
MPa 

σMises / 
MPa 

εel‐pl / % 
σmax / 
MPa 

σMises / 
MPa 

εel‐pl / %  T / °C 

Elastic‐plastic model 

maximal  t=660s  430  423  0,29  501  508  0,29  583 

t=1080s  482  473  0,32  578  583  0,32  429 

Minimal  t=2760s  ‐528  454  ‐0,37  ‐536  476  ‐0,36  401 

Amplitude  t=660s  479    0,33  518    0,32   

t=1080s  505    0,35  557    0,34   

Graham‐Walles model 

Maximal  t=660s  497  496  0,27  566  584  0,28  583 

t=1080s  640  638  0,33  710  728  0,33  429 

Minimal  t=2760s  ‐655  630  ‐0,38  ‐593  556  ‐0,38  401 

Amplitude  t=660s  576    0,33  579    0,33   

t=1080s  647    0,36  652    0,36   

CNOW model 

Maximal  t=660s  291  280  0,33  281  289  0,34  583 

t=1080s  324  316  0,36  319  324  0,37  429 

Minimal  t=2760s  ‐327  301  ‐0,43  ‐336  303  ‐0,42  401 

Amplitude  t=660s  309    0,38  308    0,38   

t=1080s  325    0,40  328    0,40   
Table 3: Results of the simulations for the inner hole (exhibiting highest loading) with radius 3 mm 

 



r = 10 mm  1. cycle  2. cycle   

σmax / 
MPa 

σMises / 
MPa 

εel‐pl / % 
σmax / 
MPa 

σMises / 
MPa 

εel‐pl / %  T / °C 

Elastic‐plastic model 

Maximal  t=660s  406  391  0,23  463  466  0,23  583 

t=1080s  459  439  0,26  534  533  0,25  429 

Minimal  t=2760s  ‐484  436  ‐0,30  ‐499  451  ‐0,29  401 

Amplitude  t=660s  445    0,26  481    0,26   

t=1080s  472    0,28  516    0,27   

Graham‐Walles model 

Maximal  t=660s  442  422  0,23  468  463  0,23  583 

t=1080s  576  550  0,28  603  591  0,28  429 

Minimal  t=2760s  ‐585  546  ‐0,32  ‐560  512  ‐0,32  401 

Amplitude  t=660s  513    0,28  514    0,28   

t=1080s  580    0,30  582    0,30   

CNOW model 

Maximal  t=660s  286  271  0,34  284  283  0,26  583 

t=1080s  328  309  0,37  325  318  0,29  429 

Minimal  t=2760s  ‐323  290  ‐0,42  ‐330  289  ‐0,34  401 

Amplitude  t=660s  304    0,38  307    0,30   

t=1080s  325    0,40  328    0,32   
Table 4: Results of the simulations inner hole (exhibiting highest loading) with radius 10 mm 

For the lifetime assessment of the critical inner wholes a Manson-Coffin evaluation of the 
LCF tests was performed. In figure 12 are shown the results of the Manson-Coffin evaluation 
for different temperatures. The several simulations lead to maximum strain amplitudes of 
0,33% (elastic-plastic, GWD) respectively 0,38% (CNOW). These values are also plotted in 
figure 12. The maximum stresses occur during the cooling period at temperatures of 429°C 
and 583°C. In the plots of figure 12 you can see that the temperature of 429°C is uncritical 
with regard to fatigue. At the temperature of 589°C the allowable number of cycles amount to 
almost 5435 with the elastic-plastic and the GWD model respectively 3243 with the CNOW 
model at the inner radius of 3 mm. 

The results of the Manson-Coffin evaluation and in addition of a comparative fatigue analysis 
according to the DIN EN 12952-3 are listed in table 5 for both radii. 

  with αm  elastic‐plastic  GWD  CNOW 

    R3  R10  R3  R10  R3  R10 

DIN EN 12952‐3 

2fv / MPa  1209  1155  966  1353  1100  669  600 

N / ‐  1904  2441  5616  911  3129  23709  36564 

Manson‐Coffin 

εa / %  ‐  0,33  0,26  0,33  0,28  0,38  0,31 

N / ‐  ‐  5435  14731  5435  10443  3243  6995 
Table 5: Comparison of the allowable number of cycles according to DIN EN 12952-3 and the Manson-
Coffin evaluation 

The standard DIN EN 12952-3 uses a stress based approach and the assessment with 
Manson-Coffin is strain based. A comparison of the results of the elastic-plastic and GWD 
simulation shows that the determination of the allowable cycles with Manson-Coffin leads to 
higher values than the determination using the standard. Considering the results of the 
CNOW simulation the standard calculation leads to a very high number of allowable cycles 
because the amplitudes of the stresses are smaller than those of the elastic-plastic and 
Graham-Walles calculation. This shows that the standard procedure may only be applied 



using the (elastic) determination of stresses given in the standard which is not applicable for 
local assessments. The assessment with Manson-Coffin courses leads to a smaller number 
of allowable cycles. Although the stresses are considerably lower, higher strains occur. 

 

Figure 12: Number of allowable cycles according to Manson-Coffin evaluation 

If the standard procedure is used without Finite-Elements calculation the allowable number of 
cycles according to the DIN EN 12952-3 amounts to 1904 only. 

In addition to the three simulations described another CNOW simulation of one cycle with a 
hold time of one day at the maximum temperature was performed. The aim of this simulation 
is to get an impression how the stresses are relaxing during the longer hold time and to 
investigate the influence of creep-fatigue interaction with regard to lifetime. In figure 13 the 
results of the simulation and also the allowable creep strength for 10.000h according to DIN 
EN 13480-3 under the use of the values from COORETEC DE4 [1] and DIN EN 10302 are 
shown. 



 

Figure 13: Results of the simulation with a complex Chaboche model and a hold time of one day 

After heating the Mises stress reaches a value of 203 MPa. During the hold time of 24h a 
stress relaxation to 153 MPa at the end of the hold time can be observed. Comparing this 
with the allowable stresses according to the standard (73 MPa acc to DIN EN 10302 and 97 
MPa (DE4) for 10.000h, resp.) one can conclude that a significant creep damage which is 
higher than that covered by the standard analysis has to be taken into account for longer 
hold times as expected in service.  

4. Summary and Conclusions 
Investigations on the stationary loaded pipe bend with restraining bar are performed using 
two finite element models with different complexity taking into account a full inelastic 
pipework assessment on the one hand and using boundary conditions from an elastic pipe 
calculation as usually applied. The load application was realized in both stress and strain 
controlled manner for both models. The comparison of the results shows that there is a 
significant difference between these calculations. Although the differences of the stresses 
seem to be small the simulations with the more complex model of the pipework leads to 
higher creep strains in the pipe bend.  

In addition to the four simulations another simulation without the restraining bar was 
performed. The results show that stress level is almost equal during the whole time. The 
creep strains increase a bit slower in comparison to the simulation with bar but exceed these 
results after 100.000h. A comparison of the calculated Mises stresses with the allowable 
stress after 100.000 h of creep according to DIN EN 13480-3 shows that the stresses are 
bigger at the beginning but smaller after only 10.000 h of creep. 

For the investigation of the thermal fatigue behavior of a sample header three simulation with 
an elastic-plastic, a creep and a complex cyclic material model are performed. The results of 
the simulation are used for assessments using DIN EN 12952-3 with regard to fatigue and in 
addition to this using a fatigue curve resulting from a Manson-Coffin evaluation of LCF tests. 



The results of the calculation show that the Graham-Walles model leads to the highest 
stresses at the inner holes (1353 MPa), followed by elastic-plastic (1155 MPa) and the 
CNOW model (669 MPa). The maximum strain amplitudes reach values of 0,33% with the 
elastic-plastic respectively the GWD model and of 0,38% with the CNOW model. For the 
elastic-plastic and the GWD simulation the stress based life assessment of the standard 
leads to a lower allowable number of cycles than strain based with the Manson-Coffin fatigue 
curve. It could be shown that is it now admittable to use local results from viscoplastic 
calculations for standard assessments since this yields to very non-conservative results as 
the assessed number of allowable cycles using CNOW results for the standard assessment 
(36564) shows. The application of the full standard procedure including (linear) calculation of 
stress results in a very small number of cycles. Considering the Manson-Coffin fatigue curve 
and numerically determined strain amplitudes result cycles to failure between 3243 and 
14731.  

The results will be used as a basis for further assessments using damage parameters in the 
constitutive equations. The results from the calculation introducing longer hold times show 
the necessity of specific consideration of creep-fatigue damage which could not be done by 
separate assessment of creep and fatigue loading.  
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Abstract 
Materials R&D program for A-USC power plants in Japan launched in 2007 under the 
METI/NEDO foundation was completed at the end of March, 2012 by the JRCM (The Japan 
Research and Development Center for Metals) consortium team (Tohoku Univ., Tokyo Inst. 
of Tech., Nagoya Univ., Kyoto Univ., Kyushu Inst. of Tech., Kyushu Univ., Kagoshima Univ., 
NIMS and NSSMC), and a part of this program on creep strength/degradation assessment 
moved into the existing METI project of A-USC in April, 2012 to continue the R&D work for 
next 3 years.  This program included not only alloy design explores, and novel ideas for 
developing new steels and alloys that can fill critical needs in building 700oC class advanced 
power plants, but also fundamental studies on creep degradation and strength assessment, 
which was absolutely needed to assure the long-term safe use of newly developed steels 
and alloys at critical temperatures.  Particular outputs from the program have been 
recognized as the boron containing 9%Cr steel having the creep strength of 100MPa at 
625oC and above for 100,000h mitigating the Type IV degradation, and as the 18Cr-30Ni-
3Nb austenitic steel developed by means of inter-metallic compounds precipitation 
strengthening of grain boundary which should be strongest in creep ever found among the 
austenitic steels.  Other outstanding results are development of new techniques for creep 
damage diagnose and creep strength/life assessment, and the integrated systems for creep 
strength/life assessment.  The developed system has been recognized as the highly 
accurate creep life prediction techniques within the factor of 1.2.  The present paper 
summarizes the results of the R&D program conducted for 5 years, and overviews the 
materials issues to be solved to realize the 700oC class A-USC power plants.        

 

1. Introduction 
It is essential to rise up the steam conditions to improve the power plant efficiency from the 
viewpoint of resource and energy conservation, and the reduction of CO2 emission.  The 
maximum steam temperature is currently around 600°C, and a further increasing the steam 
temperature to 700°C is under consideration and needed for future fossil-fired power plants.  
And the R&D programs to realize the 600 to 620°C class (ultra super critical, USC) was 
conducted worldwide for last three decades, then presently the 700°C class (advanced ultra 
super critical, A-USC) power plant R&D has been strongly promoted in the several area and 
countries.  Fig.1 shows the overview of worldwide USC/A-USC power R&D program 
including the materials developed and power plant orders history.  The role of the thermal 
power plant becomes more important by the nuclear power circumstances in Japan though 
there is a discussion about the achievement of the A-USC plant of 700°C class.  Under these 
circumstances 5-year fundamental materials R&D program for A-USC power plants launched 
in 2007 [1] and completed in 2012 supported by the METI/NEDO as the JRCM consortium.  
The program shown in Fig.2 as its strategy was organized and conducted to develop the 
alloy design concept and guidelines for ferritic steel, austenitic steel and Ni-based alloy 
aiming at 100MPa creep rupture strength for 100,000 hours at the respective temperatures of 
650°C, 700°C and 750°C.  In addition the highly accurate creep strength/life assessment 
techniques investigating the creep degradation mechanisms were developed to assure the 
long-term safe use of the materials at critical temperatures. It is in the relation not to be 
able to separate the problem of related to the adoption of higher steam parameters and the 
material issues as experienced by even achieving 600°C class plant.  That is, it can be said 
that the A-USC plant will not be achieved without the solution of the material issues.  
Therefore, it is impotent to discuss about the role of a fundamental aspect of material 
technology to realize the A-USC steam conditions and practical matter extracting the 
materials issues.  Power plant materials themselves have some fundamental and scientific 
aspects as heat resistant materials as well as practical aspects of manufacturing, equipment 
design, fabrication, construction, and plant operation and maintenance including many things 
like the material properties, welding, forming, creep, fatigue,, creep-fatigue interaction, 
oxidation, corrosion, corrosion-fatigue, inspection, equipment diagnosis, life assessment, 



repair, etc.  It is thought that the safety of the power plants particularly A-USC with 700°C 
steam temperature no body experienced ever can be achieved by the detailed analysis and 
discussion on the materials issues.  

 

Fig.1 Historical overview of worldwide USC/A-USC power R&D 

 

 

Fig.2 Strategy of the METI/NEDO R&D program for 2007 to 2012 

 

2. Materials development for 700°C class power plants 
It is expected for ferritic steel, austenite steels, and Ni based alloy to increase the maximum 
use temperatures at which creep rupture strength of 100MPa at 100,000 hours is achieved 
respectively up to 650°C, 700°C and 750°C in order to improve the economy of plants and 
the robustness of materials.  In addition it is well known that the creep strength of weld heat 
affected zone remarkably decreases compared with the base metal in ferritic steel though 



any steels and alloys should also have satisfactory strength and reliability as a welded 
construction for the plant components.  The alloy design concept for ferritic steel, austenitic 
steel and Ni based alloy was proposed, and it was expected that the newly proposed alloys 
exhibited 30°C higher maximum use temperature at the respective targets than those for the 
existing steels and alloys.  That is, the creep strengths were significantly improved by 
optimization of boron and nitrogen contents for 9% Cr ferritic steel [2], and by addition of 
boron to the simple composition of 18Cr-30Ni-3Nb for austenitic steel which is strengthened 
by means of inter-metallic compounds of Laves phase (Fe2Nb) precipitation strengthening of 
grain boundary [3].  For the development of Ni based alloy the chemical elements such as 
Mo, Al, Ti and Nb in Alloy263 were optimized to improve the creep strength and ductility [4].   
It was also confirmed in this study that the developed ferritic steel had not Type IV 
degradation in welds due to the relatively high content of free born.   

 

3   Long-term creep strength/life assessment techniques 
In order to keep the safety of power plant components for a long-term services it is essential 
to accurately predict the creep strength at 100,000 hours to determine the design stresses.  
Fig.3 shows the prediction diagram for 100,000 hours creep strength which may differ if the 
creep mechanism changes to drop the rupture strength at unknown time and stress under 
the long-term creep loading.  In the present study, the microstructural degradation and 
damage due to creep were detected and evaluated as a various kind of microstructural 
parameters, and new creep strength/life assessment techniques [5] were investigated to 
propose the accurate predicting methods for the long- term creep strength/life.   

 

Fig.3 Prediction of 100,000 hours creep strength and service lifetime from laboratory data 

 

Based on the findings on degradation mechanisms and the integration of the investigation 
results a platform for creep strength/life assessment employing the structural parameters 
was constructed for base metal and welds for the A-USC materials as shown in Fig.4 [6].  
The platform built by the consortium team of this R&D program is composed of data base 
including the both of conventionally published data and newly produced data for creep 
strength/life prediction and analysis, and the creep life assessment techniques including 
various methods, such as positron annihilation method [7], hardness method [8], hydrogen 
desorption method [9], EBSD analysis method [10], microstructural system free energy 



model [11], martensite lath-width and dislocation density model, etc.  Each method was 
integrated into the platform and correlated each other to verify the applicability to the power 
plant materials by round robin tests.  The developed methods and the systems can be 
applied not only to the advanced materials but also to the conventional materials presently 
used in the power plants as a tool of component diagnosis.  The practical applicability of 
those methods and the systems are expected to be verified and established as the 
guidelines and standards in future through the next-step R&D on creep life assessment 
which has newly been started in April, 2012 in the existing METI project of A-USC. 

 

Fig. 4 Conceptual platform for strength/life assessment based on the R&D results 

 
4   Material issues for A-USC power plants 
The key words to consider the material issues in the A-USC plant can be listed in both sides 
of the flow of the material in materials manufacturing, fabrication/construction and service 
operation, and the kind of components such as water wall, superheater/reheater, header, 
main steam pipe, hot reheat pipe, high temperature valves and turbine components as 
respectively shown in Tables 1 and 2.  The material issues that should be considered can be 
extracted from the each step of material processing, and service conditions and environment 
when the new materials are adopted.  On the other hand, from the aspect of plant 
components individually unique design and construction issues must be considered and fully 
discussed in order to make material safe for a long time services.  These issues contain not 
only construction and plant engineering but also scientific and technological items.  
Especially, material science and technological background must be established for the 
prediction of 100,000 hours creep strength to assure the safety of components designed.  
And also the effect of strain and thermal cycles during the fabrication on the material 
properties at the elevated temperature must be well clarified and understood, because of the 
significant lack of the laboratory data and publication on this item.  For 700°C class steam 
condition of the A-USC plants, naturally, up-grading of the component materials is demanded.  
However, it becomes the result of causing the rise of construction and power generating cost 
though higher efficiency of the plants can be achieved if the material is made up-graded 
(improved strength and corrosion resistance).  Therefore, the alloy design that considers the 
economy on the strength basis is necessary for developing materials.  The index of material 
cost per allowable design stress is necessary for material selection or development.  The 
target of the maximum use temperature of ferritic steels, austenite steels, and the Ni based 



alloys becomes 650°C respectively, 700°C, and 750°C for 100,000 hours creep rupture 
strength of 100MPa or more at the design temperature.  And also it is necessary to discuss 
enough about the effect of the microstructural stability and steam oxidation resistance on the 
determination of the critical maximum use temperature. 

 

Table 1 Material issues for flow of materials 

 

 

Table 2 Material issues for components 

 

 

During the welding and the forming processes in the fabrication and construction stages 
various thermal and/or strain cycles are given to the materials.  And these processes 
significantly affect to the material properties, especially creep strength which is degraded and 
reduced by improper heating and strain cycles.  This is remarkable in the material highly 



strengthened by heat treatment, and the properties of such materials are very sensitive to the 
thermal and strain cycles.  The degradation and reduction in creep strength due to the cold 
working and forming is known to be able to recover by the reheat treatment, and fabrication 
and post-forming rules are specified in the codes and standards, however there is little data 
and publication on this is very limited.  The material properties and the microstructural 
evolution due to the working have not yet been clarified enough.  The welded construction 
made of creep strength enhanced ferritic steels is designed by use of the weld strength 
reduction factors listed in the codes and standards however the data base to determine the 
strength reduction factors is not well developed.  The creep rupture data of the welded joint is 
usually produced by use of the cross-weld specimen which is the same size and shape with 
the specimen for the base metal however the size and shape of the creep specimen 
influence to the creep rupture properties.  Moreover, neither a detailed test method nor the 
weld joint configuration factors have been discussed enough up to now for the integrity 
design of the welded joint in the components though it is thought that data obtained 
considering the failure mode in the actual components are absolutely needed. 

When the austenitic steels and Ni based alloys are used in the components of A-USC plants 
the damage caused by the high temperature fatigue should be considered, because the 
thermal expansion coefficient of these materials is large, and the thermal conductivity is low.  
In the thick section components made of austenitic steels and Ni base alloys the thermal 
stresses becomes large which generate the thermal fatigue.  Therefore to avoid thermal 
stress damage the materials used should have higher creep strength to reduce the wall 
thickness.  The fatigue design is not required in the current design codes for the power boiler 
construction, and the data is not produced enough for the new alloys used in A-USC plants.  
But in future the high temperature fatigue data to establish the design curves for new alloys 
must be collected and the design criteria is needed to be developed.   

In the superheater and reheater in the furnace high temperature corrosion and steam 
oxidation become problems.  It is thought that steam oxidation will become the most critical 
problem under the A-USC steam condition while the high temperature corrosion can be 
minimized by consideration on the design like little use of the coal with high content of 
corrosive element such as sulfur or the component arrangement in the furnace.  The fine-
grained austenitic steel and shot-peened austenitic tubes are currently use as the 
countermeasure to the steam oxidation for 600°C class power boiler, however it is not 
confirmed that the steels fine-gained or shot-peened have enough resistance to the steam 
oxidation under the 700°C class steam conditions.  It is very important to discuss about the 
steam oxidation scale growth and exfoliation behavior under the A-USC conditions. 

 

5   Summary 
In the R&D program alloy design concept and guidelines for ferritic steel, austenitic steel and 
Ni based alloy with improved creep strength and property applicable to 700°C class A-USC 
plant has been developed and introduced.  And the creep degradation database and the 
strength/life assessment platform composed of highly accurate methods were built for the 
evaluation of long-term creep strength and life. The material issues for the realization of A-
USC plant were discussed in terms of the flow of material and the components in the power 
plant.  
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Abstract 
Japanese major turbine, boiler and material manufacturers, Babcock Hitachi, Fuji Electric, 
Hitachi, IHI, Mitsubishi Heavy Industries, Nippon Steel & Sumitomo Metal, Toshiba, and the 
National Institute for Materials Science began a 9 year A-USC project in 2008, subsidized by 
Japan’s Ministry of Economy, Trade and Industry.  Three valve manufacturers, ABB Bailey 
Japan, Okano Valve, and Toa Valve recently joined the project. The target of the project is to 
develop 700 deg-C class material and component technology to achieve 46% (net, HHV) 
thermal efficiency of coal power generation. Our preliminary study showed that it is 
necessary to use newly developed or newly introduced Ni-based materials to achieve a 700 
deg-C class steam temperature. 

We are developing 700deg-C class technology mainly focusing on the development of 
materials and manufacturing technology and doing verification tests for key components 
such as boilers, turbines and valves. Fundamental technology development was done during 
the first half of the project. 

Six Ni-based materials, HR6W, HR35, Alloy141, 263, 617, and 740, were chosen as boiler 
candidate materials. Plates, pipes and tubes have been made from these materials and used 
for welding and bending tests. These parts were cut into test pieces to check oxidation and 
corrosion characteristics, creep strength, fatigue strength etc. Long-term material tests such 
as creep rupture will be conducted for 100,000hrs continuing even after the end of the project 
with the joint effort of each participating company. 

Three Ni-based materials, FENIX-700, LTES700R, and TOS1X, were chosen as turbine rotor 
candidate materials. We made 10-ton-class forged rotor parts from these materials. The 
parts were used for welding tests and the weld rotor concept was chosen to build large 
commercial rotors. Long term material tests were conducted as well. 

Today, we are preparing the plan for the second half of the project, which is made up of the 
boiler components test and the turbine rotating tests. Some boiler superheater panels, large 
diameter pipes and valves will be tested in a commercially operating boiler from 2015 to 
2017. The turbine rotor parts which have the same diameter as commercial rotors will be 
tested at 700deg-C and at actual speed.  

1 Introduction / Motivation 
We began the 700deg-C A-USC project in 2008 to reduce CO2 emission from coal power 
plants in Japan. The Fukushima nuclear plant accident caused by the earthquake and the 
following tsunami in 2011 changed the power market in Japan drastically as shown on Figure 
11).  

 

Figure 1 Power generation and fuel share in Japan1) 



Almost all nuclear plants were shut down and fossil fuel power plants have been providing 
the necessary electricity. The cost of fossil fuel, mainly natural gas and oil, imported from 
abroad has become a critical problem for Japan, today. As a result of this situation, coal is 
drawing greater attention because of its lower cost and availability despite the higher CO2 
emission. Therefore, the importance of CO2 emission reduction from coal power plants is 
higher than before as is the importance of our project. 

2 Project overview 
Japanese major turbine, boiler and material manufacturers, Babcock Hitachi, Fuji Electric, 
Hitachi, IHI, Mitsubishi Heavy Industries, Nippon Steel & Sumitomo Metal and Toshiba, and 
the National Institute for Materials Science began a nine-year A-USC project in 2008, 
subsidized by Japan’s Ministry of Economy, Trade and Industry. Three valve manufacturers, 
ABB Bailey Japan, Okano Valve, and Toa Valve recently joined the project (Figure 2). The 
target of the project is to develop 700deg-C class material and component technology, based 
on today’s latest 600deg-C class USC technology, to achieve 46~48% (net, HHV) thermal 
efficiency of coal power generation (Figure 3). 

 

 

Figure 2 Project structure 
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Figure 3 Concept of A-USC 



 

Figure 4 Selected Materials 

The materials newly selected for A-USC are mainly Ni-based alloys and advanced 9Cr steels. 
Figure 4 shows an example of material selection. The blue color represents conventional 
materials; green means gas turbine materials, pink means materials under development. And 
solid dark pink means Ni-based alloys under development. Ni-based alloys, which have not 
been used for USC, were chosen for a part of the superheaters and reheaters, the large 
steam pipes and the valves going from the boiler to the turbines, and a part of the turbine 
rotors and casings. The turbine rotors consist of Ni-based alloy and 12Cr steel, which are 
welded together. The turbine nozzles and blades for the high temperature stages use Ni-
based materials that are being used for gas turbines. 

 Figure 5 shows the master schedule of the project. In the first half, boiler, turbine and valve 
materials were developed and verified. In the second half, boiler components and small 
turbine tests will be done to verify component level reliability. 

 

Figure 5 Master schedule 

3 Boiler technology development 
Figure 6 shows the schematics of the boiler technology development activities in the project. 
We did a preliminary study on the 700 deg-C system before starting the project as this is the 
first attempt to try such a high temperature. Some basic system configurations were studied 
and some candidate materials were listed. In the first year of the project, we prepared some 
plates which were made of the candidate materials. The plates were used for preliminary 
welding tests and some material tests such as oxidation tests, corrosion tests, fatigue tests 
and long term creep rupture tests. Some large pipes, which were 350mm in diameter, were 
made after the plates. They were used for welding tests, bending tests and creep rupture 



tests. 40mm diameter tubes were made. They were also used for welding tests, bending 
tests and creep rupture tests. A very large pipe, which was 635mm in diameter, was made to 
make header mockups. Today, we are preparing for a comprehensive boiler component test 
which includes the technologies we developed in the first half of the project. 

 

Figure 6 Boiler technology development activities 

The following explains what the project did and will do, according to the sequence on Figure 
6. 

Six Ni-based materials: HR6W, HR35, Alloy 617, 263, 740, 141, and three advanced 9Cr 
steels: high boron 9Cr steel, low carbon 9Cr steel and SAVE 12AD, were chosen as the 
candidate materials. Figure 7 shows the plates made of the candidate materials. 

 

Figure 7 Plates made of candidate materials (Courtesy of Nippon Steel & Sumitomo Metal) 

Figure 8 shows pipes and tubes made of these materials. In 2009, we made pipes with the 
Ehrhardt push bench method out of HR6W, HR35 and Alloy617. These pipes were prepared 
in order to conduct material tests such as welding, bending and the long term creep test. 
Following the pipes we made some tubes to check their manufacturability and conducted 
material tests, as well. Last year, a large diameter pipe was made for a reheater header 
mock-up. The diameter was 635 mm and the wall thickness was 72mm. 



   

Figure 8 Boiler pipes and tubes (Courtesy of Nippon Steel & Sumitomo Metal) 

We did some welding tests on the candidate pipe materials. The left photo on Figure 9 shows 
a welded HR35 pipe. The right figure shows the section of the weld. We didn’t find any flaws 
in these samples. In a few cases, with another material, we found some small cracks in the 
HAZ section. Therefore, we made another pipe with slightly different amounts of each 
component. The welding of the improved pipe was successfully done. Some dissimilar 
welding tests were conducted for tubes as we need to connect different tube materials in 
boiler superheater and reheater panels. The right photo shows the welding of Alloy 617 and 
Alloy 263. 

  

Figure 9 Pipes and tube welding (Courtesy of IHI and Mitsubishi Heavy Industries) 

Some of the pipes shown on Figure 8 were used for bending tests. Figure 10 shows the 
bended pipes which were made of Alloy 617 and HR6W. These pipes were cut into pieces to 
check the shape of the cross section and to make test specimens. 

 

Figure 10 Bended pipes (Courtesy of Babcock-Hitachi and Mitsubishi Heavy Industries) 

This year, as one of the comprehensive tests of the developed technologies, some header 
mock-ups were made to check the manufacturability of actual parts of A-USC boiler. Figure 
11 shows a reheater and a superheater header mock-up. The pipe used for the reheater 
header mock-up is shown on Figure 8. 



 

   

Figure 11 Header mock-ups 
 (Courtesy of Mitsubishi Heavy Industries, IHI and Babcock-Hitachi) 

 

Figure 12 Hot Corrosion Test (Courtesy of Mitsubishi Heavy Industries) 

One of the material tests which we have carried out on the candidate materials is the hot 
corrosion test. Figure 12 shows the average metal loss after the 100hr exposure test. All 
materials were coated with compound ash, and then exposed to a gas containing sulfur 
dioxide, 0.2% by volume. The average metal loss decreased with a higher chromium content 
in the alloys. We confirmed that the candidate Ni-based materials and austenitic steels have 
good hot corrosion resistance because of their high chromium content. 

Today, we are preparing for the boiler component test. In 2015 and 2016 boiler components 
such as super heaters, pipes, valves, and a turbine casing will be tested using an actual 
boiler (Figure 13). 

 

Figure 13 Boiler component test 

 



4 Turbine technology development 
Figure 14 shows the schematics of the turbine technology development activities in our 
project. Similar to the boiler technology development, we selected some candidate materials 
for rotors and casings based on the preliminary study of the 700deg-C system before starting 
the project. At first, small specimens were made to check fundamental characteristics of the 
candidate materials for rotors. Then 2 to 7ton rotor materials were forged to check 
manufacturability of the rotor, followed by 10ton class large rotor materials.  These rotor 
materials were used for welding tests including dissimilar welding between Ni-based alloys 
and steels. Machinability of Ni-based alloys was checked, as well. We chose three candidate 
materials for castings. Medium size step blocks, which were 1 to 2tons, were made to check 
the castability of each material. Unfortunately, one of the candidates was dropped from the 
list. Then, we casted a full size valve casing, an inner casing and nozzle boxes. Forged and 
casted materials were cut into pieces to make material test specimens. Today, we are 
preparing for the rotating test to check the reliability of the rotor. Welded rotors will be made 
for the rotating test. A medium size valve casing and a model of an inner casing will be 
installed at the boiler component test facility. 

 

Figure 14 Turbine technology development activities 

Figure 15 shows the concept of a 1000MW class double reheat steam turbine. Five turbine 
casings and rotors are aligned in tandem. From the left, there is a very high pressure turbine 
(VHPT), a high pressure turbine (HPT), an intermediate pressure turbine (IPT) and two low 
pressure turbines (LPT).  Part of the rotors of VHPT, HPT and IPT consist of a newly 
developed Ni based material. 

 
Figure 15 Concept of 1000MW class double reheat steam turbine (Courtesy of Toshiba) 



TOS1X was developed from Alloy617 for rotor material. The earlier version of TOS1X is now 
called TOS1X-I. A piece of forged material, 1000 mm in diameter and weighing 7tons, has 
been made successfully using TOS1X-I. TOS1X-II was developed from TOS1X-I by 
increasing the Al and Ti content. TOS1X-II is expected to have around 200MPa of 100,000 
hour creep rupture strength at 700deg-C. A 13ton piece forged material of TOS1X-II has 
been made successfully (Figure 16). 

  

Figure 16 Turbine rotor material (Courtesy of Toshiba) 

LTES700R is a Ni-based alloy that was developed by MHI. This alloy was developed to have 
a thermal expansion coefficient similar to 12Cr steel, so it conforms well to conventional 
steels. In addition, the creep rupture strength of LTES700R is higher than the target for 
700deg-C class rotor material. Originally, LTES700 was developed for small parts, such as 
casing bolts. LTES700R was developed from LTES700 for large steam turbine rotors. 
Welding technology is crucial for this material. Welding tests, including the welding of 
dissimilar materials, were carried out. Figure 17 shows a similar and a dissimilar welding of 
LTES700R. 

  

Figure 17 Turbine rotor welding (Courtesy of Mitsubishi Heavy Industries) 

At the beginning of the project three alloys:  Alloy 740, Alloy 625, and Alloy 617, were cast 
into step blocks (Figure 18). The thickness of the casting varies like steps. The maximum 
thickness resembles the thickness of the flanges of steam turbine casings. We cut them into 
pieces to make specimens for material tests, such as the tensile test, creep test, macro and 
micro observation and so on. Last year, we made castings of an inner casing, valve, and 
nozzle boxes to check the castability of actual parts. These were also cut into specimens and 
tested (Figure 19). 

 

Figure 18 Step block casting (Courtesy of Mitsubishi Heavy Industries and Toshiba) 

(7tons) (13tons) 



 

  

Figure 19 Nozzle box and inner casing 

(Courtesy of Mitsubishi Heavy Industries and Toshiba) 

We are preparing for the turbine rotor test. Three rotors made of the three candidate rotor 
materials will be tested in a 700deg-C atmosphere and at actual speed from 2014 to 2016. 
The rotors will be heated by electric heaters in a vacuum chamber, and driven by an electric 
motor (Figure 20). 

 

Figure 20 Rotating test 

5 Summary and conclusion 
Japanese major turbine, boiler, valve and material manufacturers, and two research 
institutes have been cooperating to develop 700deg-C class A-USC technology with the 
support from the Japanese government since 2008. The key areas of technology 
development are high temperature materials such as Ni-based alloys and advanced 9Cr 
steels and their application to actual power plants. Fundamental material and manufacturing 
technologies were developed during the first half of the project. As comprehensive 
verification tests, the boiler components test and the turbine rotating test will be carried out 
by the end of 2016. 
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Abstract 
This paper introduces some of the successful materials developments from the United States 
Department of Energy (U.S. DOE) Office of Fossil Energy and the Ohio Coal Development 
Office (OCDO) Advanced Ultrasupercritical (A-USC) Steam Boiler and Turbine consortium 
program which has the goal to develop the materials technology necessary to build and 
operate an advanced-ultrasupercritical (A-USC) steam boiler and turbine with steam 
temperatures up to 760°C (1400°F).  Program successes are highlighted along with next 
steps for technology deployment. 

1 Introduction / Motivation 
In 2010, coal provided 48% of the electric generation in the United States [1] and 40.6% of 
the electric generation in the world [2].  Coal is abundant with some studies estimating 150 
years of world-wide reserve at current consumption rates [3]. Despite its use as major source 
of electricity, coal faces strong regulatory and economic challenges as the world adopts 
policies for reducing carbon consumption.  As world-wide demand for electricity grows, it is 
clear that a robust portfolio of power generation options is needed to ensure reliable and 
environmentally responsible electricity. To meet the challenges of the 21st century, 
advancements in coal technology are needed.  The Coal Utilization Research Council 
(CURC)-EPRI Coal Technology Combustion roadmap, Figure 1, identifies key technologies 
needed to ensure that coal remains an option for power generation in the future.  A key 
aspect of this roadmap is the deployment of higher efficiency pulverized coal combustion 
using Advanced Ultrasupercritical (A-USC) technology.  For the world, the International 
Energy Agency (IEA) has proposed, in its High Efficiency Low Emission (HELE) roadmap for 
coal technology that coal generation from inefficient subcritical plants be replaced by higher 
efficiency USC and A-USC plants as a first step to carbon reduction, prior to commercial 
deployment of Carbon Capture and Storage (CCS) technologies [4]. Thus, there are strong 
environmental and economic drivers for the development and deployment of A-USC 
technology in the U.S. and worldwide.  Additionally, novel power systems including advanced 
oxycombustion and CO2 based power cycles offer promise of reduced emission and have 
similar high-temperature materials needs.  These technologies are also represented in 
Figure 1. 
 

 
Figure 1: CURC-EPRI Roadmap Combustion Timeline and Impact 

 
 
 
 



The world-wide development of A-USC technology aimed at steam temperatures of 700°C 
(1300°F) and greater started initially around 1998 with a variety of European Projects [5].  In 
2001, the U.S. Department of Energy in conjunction with the Ohio Coal Development Office 
(OCDO) and cost share from all the major U.S. boiler and turbine original equipment 
manufacturers (Alstom, B&W, Foster Wheel, Riley Power, GE), the Energy Industries of Ohio 
(EIO), and the Electric Power Research Institute (EPRI) with support from Oak Ridge 
National Laboratory (ORNL) and managed through the National Energy Technology 
Laboratory (NETL) began an ambitious pre-competitive research and development project 
that would lead to higher efficiency coal-fired power plants with reduced CO2 emissions [6,7].   
Achieving major increases in coal-fired power plant efficiency requires an increase in steam 
conditions (temperature and pressure) and therefore demands the utilization of new 
materials and technologies to implement these new materials.  Hence, the  R&D program’s 
goal was to develop the materials technology necessary to achieve Advanced 
Ultrasupercritical steam (A-USC) power plant steam conditions up to temperatures and 
pressures of 760°C (1400°F) and 35 MPa (5000 psi), respectively which can reduce all 
emissions, including CO2, by 20% or greater compared to today’s U.S. fleet [8,9].  Beyond 
Europe and the United States, national programs now exist in Japan (initiated in 2008), 
China (2011), and India (2012) with announced plans for demonstration in both China and 
India around 2020 [10, 11, 12]. In the following sections, some of the successful 
developments of the U.S. Program are highlighted which shows that materials and 
fabrication technologies now exist to construct such a system. 

 
The consortium first defined the conditions required for the materials to operate at A-USC 
conditions up to 760°C (1400°F).  Based on these preliminary design studies, nickel-based 
alloys were selected for detailed evaluation because only these alloys had the requisite 
strength required to operate at A-USC conditions. Current USC boilers operate at 
temperature of approximately 600°C which is the limit of the most advanced creep-strength 
enhanced ferritic (CSEF) steels, but for temperatures above 700°C (1300°F), nickel-based 
alloys are clearly required.  Figure 1 shows the temperature required to produce creep-
rupture in 100,000 hours for various alloys. With the aim of 760°C (1400°F), age-hardenable 
alloys (Inconel alloy 740 and Haynes 282) were considered beyond solution strengthened 
alloys such as 617.  Using the criteria of 100,000 hour strength at 100MPa (14.5ksi), these 
temperature limits can be observed from the plot.  Although strength is an important 
consideration, a number of other critical material properties, must be considered for materials 
operating at A-USC conditions. Much of the work highlighted in the following sections is 
related to the other important properties needed for boilers and turbines including: 
fabricability, weldability, weld performance, tensile and fatigue properties, notch sensitivity, 
and steam side oxidation and fireside corrosion resistance.  Table 1 provides a list of some 
alloys which were studied initially by the consortium and eliminated from future testing.  
Table 2 provides a partial list of the key nickel-based alloys selected by the consortia for 
study along with comments on their applicability and limitations. 
 



 
Figure 2: 100,000 hour creep-rupture strength as a function of temperature for alloy/alloy 
class. 

 
 

Table 1. Ferritic and Iron-based Austentic Alloys Selected for Early Evaluation  
Alloy Component Comments 

SAVE12 Pipe Unstable microstructure, welding was challenging [13] (eliminated from
testing) 

Super 304H 
(CC2328) 

SH/RH  Met strength projections, may need coatings in some environments and shot-
peening for oxidation resistance [14] (only for tubing) 

HR6W SH/RH, 
Pipe 

Did not meet strength projections [15] (stopped research, new chemistry 
now available) 

*SH/RH: Superheater and Reheater Tubing 
 

Table 2. Nickel-Based Alloys Under Evaluation 
Alloy Component Comments 

Haynes 230 SH/RH, Pipe Successful welding trials, maximum size limitations for pipe may limit 
applicability 

CCA617 SH/RH, Pipe Higher strength than 617 but  not enough data to change ASME code stress 
values, not suitable for high sulfur coals, only successful SMAW welds in nickel-
based alloys, strain-age cracking concerns, low strength limits applicability for 

turbine rotor 
Alloy 263 Castings, 

Rotor 
Back-up cast alloy to 282, good castability and weldability, lower strength but 

good ductility 
Inconel 

740/740H 
SH/RH, Pipe Highest strength alloy in ASME B&PV code to enable A-USC up to 760°C 

(1400°F), excellent fireside corrosion resistance, successful fabrication and 
welding, prime candidate for boiler components, cannot be air cast for valves 

and shells 
Haynes 282 Castings, 

Rotor 
Higher creep strength than 740, relatively insensitive to starting microstructural 
condition, good forging ‘window’ for rotor, can be cast for valves and casings 

Waspalloy Rotor, Bolts, 
Blades 

Back-up alloy with good turbine history Cannot be welded reliability.  Poor 
ductility 

Nimonic 
105 

Bolts, Blades Highest creep strength alloy.  Only considered for bolting and blading (non-
welded components).   

 
 



2 Full Description  
A number of materials successes have been made by the consortium, many are detailed 
more extensively in reference [7].  Recent major accomplishments which are highlighted here 
include the code acceptance of new alloys, lab and field corrosion and oxidation studies, 
demonstrations of fabrication, castings, and forgings. 
 
Inconel ® Alloy 740 is an age-hardenable nickel-based alloy developed by Special Metals 
Corporation (Huntington, WV USA) for use as superheater and reheater tubing in A-USC 
power plants [16].  Due to its excellent high-temperature (creep) strength, see figure 2, and 
corrosion resistance, the consortium also evaluated its use for thicker components such as 
boiler piping and headers.  This involved numerous welding and fabrication trials combined 
with long-term testing.  Initial challenges were encountered when welding the alloy in 
sections up to 75mm (3”) in thickness. The consortium worked closely with the alloy 
designers and other research institutions to refine the alloy and weld metal composition.  
Revolutionary progress was made, and the alloy, Inconel 740H, is now considered weldable 
as shown in Figure 3 with numerous successful welded joints produced [17, 18]. To utilize 
this material in boilers, the alloy had to be accepted for construction in ASME B&PV Code 
Section I. The consortium developed a comprehensive data package which included test 
data on multiple material heats and product forms containing long-term data [19]. The data 
was accepted and a Section I code case, Code Case 2702, was approved in 2011 which 
contains fabrication rules, welding specifications (including weld strength reduction factors), 
stress allowables, and other key requirements.  Users can now design and specify the alloy 
for use in Section I construction to a maximum use temperature of 800°C (1472°F).  The 
alloy has also been adopted by ASME Section B31.1 for power piping.  Creep-rupture testing 
has surpassed 45,000 hours with no drop-off in rupture strength or ductility.  Research has 
included studies on notch sensitivity and microstructural development which suggest the 
alloy is suitable for long-term service at A-USC conditions [20, 21]. 

 

  
Figure 3. 75mm (3”) weldment in Inconel 740H Pipe (left) and Header mock-up (right) [17] 

 
Concerns with fireside corrosion at A-USC temperatures and the wide variety of coals burned 
in the U.S., necessitated the consortium to do detailed evaluation of all the alloys’ fireside 
corrosion resistance.  Extensive laboratory tests have been conducted on a wide range of 
alloys, overlays, and coatings with varying sulfur contents [22], air cooled probes have been 
fabricated and testing for up to 16,000 hours in actual boiler environments [23], a steam-
cooled corrosion test loop was operated in a high sulfur coal environment [24], and the 
world’s first 760°C (1400°F) steam cooled loop is now operating in a U.S. boiler.  Figure 3 
shows some results from one of the air-cooled probes.  In this test, Inconel 740 performed as 
well as some of the high chromium weld overlays. Figure 4, shows the A-USC program’s 
steam loop which operates with a steam outlet of 760°C (1400°F) and contains a variety of 
materials and overlays. Current plans are to remove the loop in 2014 for destructive 
evaluation and comparison with other field and laboratory data.  Work is also ongoing to 



evaluate oxycombustion environments.  The results show  there are alloys and weld overlays 
which can be used with confidence to enable an A-USC boiler with acceptable corrosion 
performance. 
 

 
Figure 4. Cleaned surface of ring samples (identification at the top) from an air cooled probes 

after 16,000 hours operation in a utility boiler.  Note alloy 740 shows virtually no corrosion 
wastage with similar performance to high chromium weld overlays (52 and 72WO).  Other 

alloys, including HR6W show moderate attack. 
 

 
Figure 5. Steam-cooled A-USC corrosion test loop after installation. 

 
The steam cooled-corrosion loops provide limited information on steam-side oxidation and 
exfoliation.  An extensive laboratory test program has been studying steam oxidation 
resistance for all A-USC alloys including the use of shot-peening on stainless steels.  
Parabolic rate constants, effect of pressure, weld oxidation, exfoliation and long-term (10,000 
hour) exposures are all being examined in a comprehensive test program involving multiple 
laboratories [14]. 
Extensive boiler fabrication studies have been completed which show it is possible to use 
typical boiler fabrication processes to construct an A-USC boiler using nickel-based alloys 
[25, 26, 27].  Hot wire GTAW (also known as hot wire TIG) to enable higher deposition rates  
has been successfully demonstrated on alloys including Inconel 740H in section thickness up 
to 75mm (3”) including narrow groove configurations to improve productivity (see Figure 3).  
Long-term weldments creep tests [30] are being conducted to establish weld strength 
reduction factors (WSRF) and ongoing work includes strain-age cracking studies. Figure 6 
shows demonstration articles which include: forming, bending, welding (pipe and tube), 
machining, application of overlays, and dissimilar metal welding applied to A-USC alloys. 
 



  
Figure 6. A-USC Boiler Demonstration Articles 
 
Steam turbine casing and valve bodies are traditionally made via casting.  While previous 
European efforts had had some success with casting solid solution strengthened nickel-
based alloys, the use of higher strength precipitation hardened alloys with high Ti and Al 
contents (which are very reactive in air) needed to be explored to see if conventional 
air/protective atmosphere casting techniques could be used.  A research team from NETL-
Albany and ORNL cast a large number of trial alloys and subject them to destructive 
evaluation and testing [28].  Based on successful results, scale up of the most promising 
alloys, Haynes 282 and Nimonic 263 was started with two different vendors.  To date, static 
sand cast test blocks, step blocks, and centrifugal castings have been made and are being 
evaluated.  Planning is now underway for larger pours ~2700kg (6,000lb) in valve 
geometries. Figure 7 shows a ~450kg (1000lb) finished weight step casting of cast Haynes 
282.  Modeling work includes casting simulations to determine suitability for pouring larger 
casing geometries and thermodynamic/diffusion modeling to develop appropriate 
homogenization heat-treatment cycles [29].  Weld repair studies, microstructural evaluation 
and mechanical property determination are all ongoing.  
 

 
Figure 7. ~450kg (1,000 lb) finished weight step casting of Haynes 282 
 
Scoping studies by the A-USC Turbine Consortium identified Haynes 282 as the most 
promising turbine rotor/disc alloy.  The studies showed that creep behavior of Haynes 282 
was relatively insensitive to starting microstructural condition and had adequate tensile and 
fatigue behavior for a 760°C (1400°F) rotor [30].  The current HP and IP A-USC turbine 
design being considered calls for a bolted rotor similar to an industrial gas turbine [31].  In 
such a design, the highest-temperature component is a forged disk.  Prior to forging, ingots 
of Haynes 282, Figure 8, were produced via triple melting (VIM/ESR/VAR).  A first ingot was 
cast with a weight of ~4500kg (10,000lbs) and sectioned to evaluate defects and effects of 
processing variations.  A similarly sized second ingot was also cast and will be forged into a 



rotor disc for full property evaluation.  Extensive mechanical property studies are planned for 
this full-scale component. 
 

  
Figure 8. Upset and draw operation (left) and world’s first Haynes 282 triple melt ingot (right) 

3 Summary and conclusion 
Revolutionary progress has been made in advancing the materials technology to enable a 
760°C (1400°F) A-USC power plant.  These successes have only been made possible 
through a unique cost-sharing U.S. Consortium of manufacturers and research organizations 
dedicated achieving to the aggressive goals set forth by the U.S. DOE.  The U.S. 
DOE/OCDO A-USC Consortium has had many successes including: demonstration of 
welding and fabrication of nickel-based alloys for an A-USC plant, extensive successful 
fireside corrosion testing including in-plant operation of the world’s first 760°C (1400°F) 
steam cooled corrosion test loop, development of casting techniques for high-alloy age-
hardneable alloys, new materials for rotor forgings, and code acceptance of Inconel 740H 
which gives manufacturers, for the first time, an alloy with the requisite strength for a 760°C 
(1400°F) plant.  Current research includes scale-up,  demonstration, testing, and weld repair 
of castings, testing and evaluation of a Haynes 282 forged disc, long-term creep testing in 
excess of 45,000 hours to ensure long-term reliability, field corrosion studies, and economic 
evaluations.  It should be noted that while the U.S. program is focused with the goal of a 
maximum  760°C (1400°F)  steam temperature, the use of these nickel-based materials at 
700°C (1300°F) will have significant advantages in the overall economy of an A-USC plant.  
One specific studied showed significant potential cost reductions using alloy 740H compared 
to alloy 617 due to improved material usage, larger component sizes, reduced welding time, 
and raw material usage [32]. 

A new project to build a 760°C (1400°F) component test facility is now underway.  This 
facility will be unique in that it will test heavy section components 60°C (100°F) hotter than 
any other test facility in the world, will incorporate cyclic operation of welds and valves, and 
will include a turbine test. Figure 9 shows a schematic of this planned facility.  The facility 
plan is an outcome of workshops held with utility stakeholders who desire to see a 
demonstration before construction of an A-USC plant.  Additionally, a number of novel CO2 
power cycles are being considered for future lower emission power plants.  A review of these 
cycles show materials requirements for 30+ year life under conditions of 700°C and 200bar 
pressure and higher to achieve desired efficiencies [33].  Thus, A-USC materials will be 
needed for these systems as well. 

In summary, the materials technology to design, build, and operate an A-USC power plant 
now exists or the research is nearing completion. Current research and development is 
ongoing and planned to improve the economy of building such a plant and to ensure its 
reliable operation. 

 



 

Figure 9. General arrangement of the planned 760°C (1400°F) component test facility  
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Abstract 

In the frame of relevant 1970s/80s German research programs (e.g. FKS research program 

on component safety and others), many investigations on large forgings manufactured from 

Reactor Pressure Vessel (RPV) materials such as 20 MnMoNi 5 5 and 22 NiMoCr 3 7 have 

been performed. Lately, after ultrasonic testing hydrogen flakes in connection with 

segregation zones have been observed in a few RPV forgings. The earlier R&D programs 

contained a number of special heats, which covered a defined defect state (lower bound 

heats) with relevance to the recent observations of numerous UT indications in RPV forgings 

of two PWRs. Therefore, the results of these former research programs were now reviewed. 

The studies included an evaluation of the effects of macro/micro segregations as well as 

hydrogen flakes on the mechanical properties. As part of the mechanical technological 

experiments Charpy impact tests in different orientations (e.g. L-T, T-L and S-T) together 

with fracture mechanics and large scale tensile tests were carried out in segregated and non 

segregated material zones. In this context the letters L,T,S indicate the longitudinal, 

transversal and short transverse (thickness) direction with respect to rolling direction of the 

forging axis. The first letter indicates the direction of the principal stress, while the second 

letter stands for the crack propagation direction [1].  Furthermore the irradiation behavior of 

segregated material regions was analyzed and compared to non segregated material 

regions. 

Key results of these analyses indicate that in most cases upper shelf levels are lowered in 

segregated material parts compared to non segregated areas. In addition the segregations 

cause a larger scattering of impact energies. A high hydrogen content in combination with 

segregations has overall detrimental effects on the mechanical properties. However, there 

seems to be no specific segregation influence on the materials’ irradiation reaction. 

1 Introduction / Motivation 

Due to recent findings in large RPV forgings there is a strong interest to assess the effects of 

macro/micro segregations as well as hydrogen flakes on the mechanical properties of RPV 

steels. A literature study based on the results of former German research programs has been 

conducted and this paper makes a short summary of the main findings. 

 

 



2 Segregations and hydrogen flakes 

2.1 Segregation zones and types in ingots  

The occurrence of material inhomogeneities within ingots, which are used for the 

manufacturing of large RPV forgings cannot be fully avoided [2]. Especially within segregated 

areas of the ingot increased concentrations of inhomogeneities can be found, which cannot 

be removed by additional forging or heat treatments [2]. Figure 1 displays the segregation 

zones within an ingot [2]. Frequency, distribution and size of segregations depend on many 

factors such as type of steel, cast ingot form, cast conditions, cast procedures etc. [3]. 

Segregations are formed during the solidification process through enrichment of 

accompanying elements in areas, which solidify at last. The strongest segregated areas are 

located in the upper part and in the middle of the ingot, these parts as well as the bottom part 

of the ingot are discarded before shell forging. Outside the center area the reversed V-

segregations or A-segregations (ghost lines) can be found, which are formed through 

interdendritic flows on the solidification front of the ingot with a tubular rise of the remaining 

heat [4]. At the bottom area of the ingot oxide inclusions are accumulated [5]. Further 

detailed information regarding the solidification of large ingots can be found in [6].   

 

 

 

 

 

 

 

         

 

                                              

          

 

Figure 1: Sections of solidification and block segregations within an ingot [2] 
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In this context micro and macro segregations have to be distinguished: Micro segregations 

(or crystal segregations) are “heterogeneous material sections” with an irregular distribution 

of alloying elements together with impurities [7]. Micro-structural areas in a very close 

distance (~mm range) are either enriched (positive segregation) or depleted (negative 

segregation) with segregated elements (for vessels mainly Mo, Mn, Ni, S) [7]. They can be 

caused by a concentration difference on the phase boundary solid/liquid and based on the 

element diffusion in the solid/liquid state [6]. They appear in regions of primary solidified 

dendrites or globulites and the residual melt (enriched by accompanying elements) in the 

interdendritic area [6]. Decompositions within the crystal and temperature dependent 

concentration differences between the core and additional crystallized parts in the 

surrounding area are referred to as micro segregations as well [6]. On the other hand                          

macro- or block segregations can be in the scale of whole ingots and are a consequence of a 

large scale material transport through convection currents [6]. The dimension of macro 

segregations can be in the cm or m range [6].  As mentioned, they can have a V-like or A-like 

shape and cannot be reversed or influenced by a heat treatment. They remain within the final 

component. 

2.2 Flake crack formation in combination with hydrogen  

The formation of hydrogen flakes depends on many factors [8]. Especially the presence of 

hydrogen in steels (or its remaining in the steel after manufacturing) can lead to a “delayed 

creation” of internal defects such as hairline cracks, fragmented cracks and flake cracks. 

Flake cracks appear after a certain incubation time at temperatures lower than 200°C and 

can be detected with analyses techniques such as ultra sonic tests. Influencing factors are 

mainly the hydrogen content within the material, (local) matrix toughness, segregations, 

(internal) stresses, size of forging, austenitic transformation, sulfur content, hardness 

increasing elements, oxides, purity of steel production and heat treatments [8].   

The mechanism of flake creation can be described in the following way [8]: micro cracks are 

created at first as a consequence of residual or transformation stresses, which is promoted 

by segregations, hardness increasing elements and a high hydrogen content. The solubility 

of hydrogen in iron depends on the temperature, hydrogen partial pressure and alloy 

composition (see Figure 2 a)). Hydrogen creates so called interstitial compounds, it occupies 

gaps within lattice (which are larger in the γ -fcc than in the α -bcc modification). Hydrogen 

remains as an interstitial compound in a supersaturated state and cannot diffuse out of larger 

material blocks. It is kept longer in the γ –fcc or diffuses from α –bcc to the remaining γ –fcc, 

when only partially transformed, or towards so called hydrogen sinks (pores, defects, 

segregations…). Within pores a recombination of the atomic hydrogen to H2 is possible. In 

this context the influence of positive and negative segregations (with increased/ decreased 



contents of carbon (and other elements)) is very unfavorable, because they exhibit 

differences in their transformation behavior [5]:  Positive A-segregations stay austenitic for a 

longer time, than the surrounding already transformed ferritic area [6], which leads to the 

required transformation stresses and austenite favors hydrogen uptake due to the higher 

solubility (see Figure 2 a)). 
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Figure 2: a) Solubility of hydrogen in liquid and solid iron; b) schematic depiction of the 

tolerable hydrogen content as a function of the sulfur content with regard to flake formation 

[8] 

Furthermore material regions of positive segregations contain sulfidic inclusions (mainly 

MnS), which promote further hydrogen agglomeration and lead to an increase of the local 

hydrogen concentration as well as the partial pressure. Segregations can shift the solubility 

jump γ→α towards lower temperatures.  

Sulfur and sulfides play a decisive role in flake formation as well [8]: during the solidification 

process sulfur reacts with manganese and forms the mentioned MnS-inclusions. After 

thermo-mechanical treatments these inclusions can deform into elongated rods and become 

initiation centers for hydrogen induced cracks. MnS-inclusions have generally negative 

effects on the mechanical properties (e.g. fracture toughness). The lower the sulfide content, 

the more hydrogen will finally accumulate at the remaining MnS inclusions. As shown in 

Figure 2 b), the probability of flake formation for a steel with given hydrogen content 

increases with decreasing S-content. The consequence for steels with very low S-content is 

thereby, that too few MnS-inclusions exist to distribute the hydrogen at a “sufficient number” 

of accumulation centers [8]. 

a) 

b) 



A crack could then initiate at such inclusions, which act as a stress peak. Further dissolved 

elements decrease the necessary stresses for the crack initiation while hydrogen increases 

the stress level and weakens the matrix [8]. Hydrogen diffuses towards the free crack surface 

until the stress increase leads to a “hydrogen embrittled matrix”, which enables a further 

crack propagation [8]. Plastic deformation slows down or stops the crack growth temporarily, 

but hydrogen diffuses in this region further on and contributes to an additional destabilization 

and stepwise crack growth. It can take a couple of days, until the crack is fully formed. 

Hydrogen embrittlement is therefore essential for the creation of flake cracks. Summarized it 

can be stated, that a high hydrogen content increases the internal stresses, weakens the 

cohesion forces of the lattices and reduces the required surface energy for crack initiation [8].  

Flake cracks (or segregation cracks) can even occur despite a lower hydrogen content (e.g. 

0,8-1,2 ppm) [6], if a “hydrogen diffusion heat treatment” is not executed after the forging 

process. Such a treatment is time consuming and expensive and the detailed procedure is 

specific knowledge of the manufacturer. However, modern degassing techniques such as 

“double degassing” can significantly lower the heat treatment times [6]. 

3 Relevant research programs 

In the 1970s and 80s several large research programs addressed the topic of hydrogen 

and/or segregation influence on the mechanical properties of RPV steels, such as 

• BMI-TB SR 76 – investigation of the segregation behavior of the reactor material 20 

MnMoNi 5 5 using a 180 ton ingot 

• FKS – program (Research program on component safety) 

In the following the most important results from these two research activities are used to 

evaluate the effects of segregations and hydrogen flakes on the mechanical properties of 

RPV steels. 

3.1 BMI-TB SR 76 

3.1.1 General 

The R&D BMI-TB SR 76 project, ordered by the Federal Ministry of the Interior in 1981 and 

executed by MPA Stuttgart, investigated the steel 20 MnMoNi 5 5 in shape of a large 180t 

ingot due to its importance for operation in nuclear power plants [9]. The study contained a 

large amount of single results in several areas such as solidification process of large ingots, 

nature and size of defects within the ingot, extent of segregations and further defects within 



the ingot, as well as influence of segregations on mechanical – technological properties. 

Here the focus will lie only on this last item. 

3.1.2 Tested parts, specimens and type of segregations 

For evaluation of segregations the 180 ton ingot (unirradiated state) was segmented into 

several parts (see Figure 3). In this context the trepan 2B contained segregations while 2C 

was free of segregations. Charpy impact specimens (ISO-V specimens) have been taken out 

from the trepans 2B and 2C (middle and upper part) [9]. The specimens were orientated in 

radial and axial directions [9].   

 

 

 

 

 

 

 

 

 

 

Figure 3: a) 20 MnMoNi 5 5 180 ton ingot, b) extracted trepans 2B and 2C from part 2 [9] 

 
3.1.3 Results 

The effect of such segregations on the impact toughness in dependence of the test 

temperature is shown in Figure 4 as an example. Av-T (lower bound) curves of the tests from 

the upper parts of trepans 2B (segregated) and 2C (non segregated) in radial direction are 

compared. A decrease of impact toughness in the segregated areas can be observed for the 

trepans 2B and 2C in Figure 4 where a decrease of upper shelf energy from ~120J to ~98J is 

depicted. The width of the Av-T curves’ scatter bands is generally much larger for segregated 

areas due to the heterogeneous material state [9]. However, no clear dependency of the 

transition temperatures from segregations can be derived from this data [9].  

a) 
b) 



 

Figure 4: Comparison of Charpy impact tests (lower bound curves) [9]: from trepans 2B         

(segregated area) and 2C (non segregated area) in radial direction 

 
3.2 FKS-Program on component safety 

3.2.1 General 

The R&D-program component safety (FKS) was designed in the frame of the “4th nuclear 

program of the Federal Republic of Germany” on behalf of the Federal Ministry of Research 

& Technology in 1975 and coordinated by MPA Stuttgart [10]. The set of tasks comprises 

production, operation and safety technology of components within light water reactors 

(LWRs). In addition to components within the “pressurized part” of the primary cooling cycle, 

FKS addresses relevant safety issues of reactor pressure vessels and other safety relevant 

non-nuclear pressure vessels including pipes. The three basic aspects of the program were 

[10]: 

• Analyses of a material- and defect state following a defined production cycle 

• Operational changes of the material- and defect state caused by the production 

• State of safety technology – improvement of safety standards 

 

3.2.2 FKS-heats  

The main materials evaluated were the RPV steels 22 NiMoCr 3 7 and 20 MnMoNi 5 5 next 

to several other compositions, not discussed here. Generally heats were investigated, which 

cover a “reference-, limit- and cross limit-“state as well as withdrawn heats [11]. Among the 

many heats in FKS, the key heats addressing the effect of segregations/hydrogen are KS02, 



KS04 and KS07 A/B/C, which will be explained in the following. All heats corresponded to the 

requirements of VdTÜV-materials sheets, valid at manufacturing [11]. The chemical 

composition of the heats (cast analyses) is shown in Figure 5.  

 

 

 

 

Figure 5: Chemical composition of FKS- heats KS02, KS04 and KS07 A/B/C (Cast analyses; 

the H2 content is taken from the specification of the heats) [11]  

The results of the non destructive testing for description of the interesting FKS-heats’ defect 

states are summarized in Figure 6 [11]. 

 

 

 

 

 

 

 

 

 

 Figure 6: Results of non-destructive tests of heats KS02, KS04 and KS07 A/B/C [11] 

KS02  

The heat KS02 was a PWR-cover flange ring made of the material 22 NiMoCr 3 7 for a 1300 

MWe PWR, which was withdrawn, after an ultra-sonic analyses revealed many indications in 

the middle section of the ring, while the edges did not contain segregations [11]. In the 

segregated zone the measured standard defect size had maximum KSRs 

(Kreisscheibenreflektoren = circular disc-shaped reflectors) in the range of 13 to 20mm. 

Further core- and fractographic analyses identified micro-/ and macro segregations and flake 

Material Heat C Si Mn P S Cr Mo Ni
KS02 0.19 0.2 0.93 0.008 0.006 0.5 0.56 1.29
KS04 0.21 0.17 0.66 0.007 0.007 0.41 0.57 1.16

KS07 A/B 0.30 0.29 0.63 0.021 0.021 0.46 0.99 0.74
KS07C 0.30 0.30 0.99 0.02 0.011 0.52 1.03 0.75

Al Cu V Sn Co As N H2 (specification)
KS02 0.016 0.1 nd 0.007 0.014 0.028 0.014 -
KS04 0.01 0.09 0.01 0.008 0.015 nd nd -

KS07 A/B <0.004 0.26 0.05 0.11 0.17 0.027 nd > 2.5 ppm
KS07C 0.005 0.26 0.01 0.009 - 0.022 nd 2.5 - 4.0 ppm

Mass contents [%]

22 NiMoCr 3 7

22 NiMoCr 3 7

*nd: not determined

Heat NDT-method Results
US - band of indications with dimensions of 450x~500mm in the whole cover flange ring              

- crack planes in L-T plane                                                                                                 
- largest single standard defect size KSR 13mm Ø                                                                                                 
- maximum of indications at KSR 2.5 Ø mm at 2 MHZ

MP - largest single crack length 20mm
KS02 (Plate) US no results

US - area with indications within the tube sheet with the dimensions Ø 2500mm x 400mm 
thickness                                                                                                                                            
- crack planes in L-T orientation                                                                                              
- largest single standard defect size KSR 14mm Ø                                                                             
- maximum of indications at KSR 3.5 Ø mm at 2 MHZ                                                    

MP - surfaces free of results; ground core indications with 1-5mm length
KS07 A/B US - 8 smaller indication fields in the middle of the slab

US - large indication field in the middle of the slab                                                                  
- failure of back wall echo                                                                                                                      
- areas close to surfaces are free of indications

MP - X-shape crack orienation on the front side of a blok from the slab middle                               
- largest single crack length ~50mm

KSR: Kreisscheibenreflektor (engl. "Circular disk reflector")

KS02 (Block)

KS04

KS07 C

NDT: Non destructive test 
US: Ultra sonic
MP: Magnetic powder 



cracks, confirming the findings of the NDT-tests (see Figure 6) [11]. Before integration in the 

FKS-program some segments were annealed as a block, others were forged into plates and 

then annealed. After the forging the indications disappeared completely [11]. 

Irradiation of KS02 

Neutron irradiation causes changes in the microstructure of materials during plant 

operations, which generally leads to an increase of strength and a reduction of toughness 

[12] [13]. For safety relevant analyses a fracture mechanics boundary curve is adjusted, 

based on a reference temperature RTNDT and a transition temperature shift ∆T41. This 

enables the determination of a safety margin towards the load paths (in the shape of normal 

operation as well as accidental conditions) for any point of operation. This procedure is 

based on the fracture toughness KIC- and KIR-curves, which are related to the RTNDT (relative 

temperature: T-RTNDT) as described in the American guidelines ASME III App. G. [14]  and 

ASME XI A 4000 [15] and in the German KTA 3201.2 [16] standard.  Based on the “material 

specific” reference temperature RTNDT the fracture toughness curve can be shown in 

dependence of an absolute temperature scale, where an adjustment of the curve as a 

consequence of irradiation induced property changes is possible [17] [18] [19].  

For specific irradiation tests the material KS02 was disassembled into two ingots with lengths 

of 1750mm (measured at outer circumference) [12]. KS02 (as base materials, BM) was 

irradiated in the reactors FRG-2 and VAK reactor to investigate the combined influences of 

segregations and irradiation on the mechanic al properties. For that purpose large capsules 

were designed and an irradiation temperature of 288°C was applied. The applied fluence 

range (E > 1 MeV) for the FRG-2 reactor was ~4,5E18 n/cm ² ≤  Φ ≤  ~9,0 E19 n/cm² and for 

the VAK reactor ~2,0 E19 n/cm ² ≤  Φ ≤  ~4,0 E19 n/cm². More details regarding the 

irradiation program can be found in [12] [13]. 

KS04 

The heat KS04 (22 NiMoCr 3 7) came from a steam-generator tube sheet, which was 

withdrawn due to ultra sonic testing (UT)-signals (see Figure 6) resulting from a strongly 

segregated section within the tube sheet, which exhibited micro- and macro segregations as 

well together with micro-/macro cracks [11]. Again the “edge-zones” did not contain 

segregations. Cracks up to a length of 10mm and circular flake like “separations” up to a 

diameter of 12mm were found, which were attributed to the influence of hydrogen (hydrogen 

flakes). Flake cracks were found in segregation lines. Within their centers pores were 

located, which contained manganese sulfides [11].  

 



KS07 A/B, C 

The heat KS07 was manufactured as a slab to form a “lower bound” limit heat for the 

material 22 NiMoCr 3 7 with respect to low toughness and the formation of micro-/ macro 

cracks [11]. This state was achieved by a special chemical composition and modified 

manufacturing parameters. However, the first melt of this kind, KS07 A/B, had a too high 

sulfur content (see Figure 5), so that the final material contained too many sulfides and the 

hydrogen, as described in section 1.2, could agglomerate at too many sites [6]. Therefore an 

insufficient local H2-concentration was obtained [6]. A further heat, KS07 C, had to be 

manufactured with a reduced sulfur content and a further increase of the H2-content up to 

4ppm as shown in Figure 5. This measure lead to the strong segregations together with 

hydrogen induced flake cracks, intended for investigation [6] [11]. 

3.2.3  Influence of segregations/hydrogen on the mechanical properties of KS02, 

 KS04 and KS07 A/B/C (unirradiated state) 

In terms of evaluating the mechanical properties of the FKS-heats Charpy impact tests with 

specimens in different orientations L-T, T-L and S-T have been executed (see Figure 7). 

 

Figure 7: Impact energy – temperature curves (unirradiated state): a) of the FKS heats 22  

NiMoCr 3 7 (T-L orientation); b) of KS04 edge and center area in L-T, T-L and S-T direction  

[11] 

The specimen extraction was performed according to the ASTM Standard E 399 [20]. As can 

be seen in Figure 7 a) for the heat KS07 C, toughness values are relatively low with 90 J as 

upper shelf level for the tempered state [11].  The RTNDT was 29°C for tempered KS07 C (for 

KS07 A no RTNDT was determined). For the heats with a very flat increase of the Av-T curve 

in the transition area (e.g. KS07 C), RTNDT was not determined with the NDT–temperature 

from drop weight tests according to ASTM E 208, but by the temperature obtained from the 

impact energy- and lateral extension curves according to ASME section III NB 2331 [11]. The 

toughness values of the other relevant heats KS02 (block and plate shape) and KS04 are in 

a) b) 



the upper area of the scatter bands and the RTNDT values are considerably lower, however 

the specimens were taken from the non segregated edge section of both materials. Die NDT-

temperatures of the 22 NiMoCr 3 7 FKS-heats are between -5°C and 90°C [11].  KS05 and 

KS11 are additional FKS heats, which will not be addressed in this contribution together with 

the 20 MnMoNi 5 5 heats, whose scatter bands are contained in Figure 7 a) as well. 

Impact specimens from the heat KS04 (edge and middle section of the steam generator tube 

sheet) were machined in three orientations (L-T, T-L and S-T) (see Figure 7 b)) [11].  The Av-

T curves from L-T and T-L orientations do not show much difference (narrow scatter band). 

The curves from the S-T “thickness” direction are displaced to ~20K higher temperatures, the 

upper shelf levels of the “edge-area” are around 130J and of the “center area” of ~110J. This 

corresponds to a ~24% / ~36% decrease in comparison to the curves in longitudinal and 

transverse direction, which reach ~172J [11].   

                                    

Figure 8: Critical fracture toughness values of FKS-heats in relation to the NDT-temperature  

[11] 

Fracture toughness tests were performed with C-(T) specimens of different sizes. Figure 8 

shows the critical fracture toughness KIC in relation to the NDT-temperature for a set of FKS 

heats [11].  It can be seen, that all critical fracture toughness values of the FKS-heats have a 

rather large margin (40-80K) towards the KIC- and KIR-curve according to ASME Section XI, 

App. A. (except the CT 500-specimens from KS15, not treated here) [11]. This conclusion is 



explicitly valid for the heats KS02, KS04 (for which toughness values in the segregated and 

non segregated state are displayed) together with KS07 A/B (lower bound material) [11]. 

 

Figure 9: Stress-/ strain curves from tensile tests with large and model specimens from the  

material KS04 (including and excluding defects) together with characteristic test values [21] 

Figure 9 shows the stress/strain curves and the characteristic values (maximum stresses 

σmax, elongation at fracture AI0 and necking Z) from tensile tests of the material KS04. The 

according samples, large round specimens with a diameter of 400 mm together with another 

model specimen (Ø 40mm), were taken from the non segregated edge-regions and 

segregated center-regions for comparison of both states [21]. The large tensile specimens of 

KS04 tested at 0°C showed, that at low toughness (lower shelf area) a strong reduction of 

deformation capacity and reduction of area takes place (from AI0 =23,8% and Z=28,5% (non 

segregated material) to 2,5% and 3,6%, respectively (segregated material))  [21]. Therefore 

a level of only ~10% of the “defect free” material could be obtained and the segregated 

material specimen broke before reaching the uniform elongation of the non segregated 

material (at around ~11%). The model specimen exhibited a higher deformation capability 

(AI0 =17,2% and Z=17,2%) in the segregated state compared to the large specimen, however 

it still broke at a lower elongation than the non segregated material. The maximum stresses 

were not much different. An important result for the KS04 material was, that the specimens, 

which included segregations and flake cracks, withstood loads higher than the material’s 

yield strength Rp0,2=452 N/mm2 (for the segregated and non segregated case), despite the 

severe reductions of the specimen’s cross section [21]. 

3.2.4  Irradiation behavior of KS02 (segregated and non segregated state)  

To display the influence of segregations on the irradiation behavior of KS02 Figure 10 a) 

contains it’s transition temperature shifts (∆TNDT and ∆T41) while b) shows it’s adjusted 

reference temperature RTNDT(j), both in dependence of the neutron fluence (E > 1 MeV) as 

well as in the segregated and non segregated state [13]: 



         

Figure 10: a) Transition temperature shift of KS02 (segregated and non segregated areas) in  

dependence of fluence; b)  adjusted reference temperature of the material KS02 (segregated  

and non segregated) in dependence of the neutron fluence [13] 

Figure 10 a) shows, that the increase of ∆TNDT and ∆T41 for KS02 is very similar for both, the 

segregated and non segregated material regions for rising fluences [13]. Drop weight tests 

lead to NDT-temperatures of 0°C in both states, which finally results in a  RTNDT temperature 

of 0°C for the non segregated and 3°C for the segregated material region Figure 10 b). It can 

be seen that the adjusted reference temperature is below 100°C up to a fluence of 5,0 E19 

n/cm² and that it has a value of ~140°C at the highest accumulated fluence of 8,25 E19 

n/cm². From these data no influence of the segregations on the RTNDT(j) can be observed [13]. 

4 Summary and conclusion 
 

This contribution gave an overview on 1970s/80s German research programs (e.g. FKS 

research program on component safety), where many investigations on large forgings 

manufactured from RPV materials (such as 22 NiMoCr 3 7) have been performed. Among 

those investigations, an evaluation of the effects of macro/micro segregations as well as of 

hydrogen flaking on the RPV’s structural integrity was included. In addition, mechanical tests 

(like KIc, charpy impact testing in different orientations, tensile testing) and comparisons of 

segregated and non segregated zones within several different forgings were performed. 

Furthermore the irradiation behavior of segregated areas was addressed. From these 

findings following conclusions can be drawn: 

• The solidification process of large ingots proceeds in a dendritic way with different 

concentrations on the solid/liquid phase boundary. These concentration variations 

promote the formation of micro segregations, which are “heterogeneous material 

sections” with an irregular distribution of alloying elements in close distance (cm or 



mm range). Macro segregations require an additional “macroscopic mass transfer” 

(convection flow) of enriched melt to be formed and lead to much larger concentration 

differences within the ingot.  

• Flake crack formation in combination with hydrogen depends on a complex 

interaction of many factors such as hydrogen content in the material, matrix 

toughness, segregations, local stresses, and transition behavior. In addition the sulfur 

content plays an enormous role: if the amount of sulfur is too low, too few and too 

small sulfide inclusions remain, so that the hydrogen cannot be distributed at a 

sufficient number of sinks, which can locally create the critical conditions for flake 

cracks. 

• In segregated material parts, impact energy values exhibit a large scattering, which is 

mostly higher than in non segregated materials. In most investigated cases, USE 

levels are lowered in segregated material parts compared to non segregated material 

parts. 

• The curve enveloping all critical fracture toughness values of the FKS heats in 

relation to the according NDT-temperature have a rather large margin of 40K to 80K 

towards the KIC- and KIR-curve according to ASME Section XI, App. A. Based on the 

investigated data, no pronounced influence of the segregations on the fracture 

toughness properties was detected. 

• KS04 impact specimens tested in S-T orientation resulted in slightly higher T41 

temperatures compared to the L-T and T-L orientation for both the segregated middle 

section and the non segregated edge zone. While the USE of the segregated and 

non segregated zone is rather similar in L-T and T-L orientation (~172J), there is a 

24-36% decrease of USE in S-T direction to ~130J for the non segregated zone and 

to ~110J for the segregated region. 

• KS04 tensile tests (with large 400mm tensile samples) lead to a strongly reduced 

deformation capacity and reduction of area (KS04: Alo =23,8% and Z=28,5% (non 

segregated material), down to 2,5% and 3,6%, respectively (segregated material, 

containing flake cracks). However, despite this lower deformation capacity, even the 

segregated KS04 versions withstood a higher maximum load at fracture (KS04: 

σmax~566,6 N/mm2) compared to both materials’ yield strengths (KS04, segregated 

and non segregated state: Rp0,2~452 N/mm2). 



• The increase of ∆T41 (including ∆TNDT) is similar between segregated and non 

segregated KS02 material regions at increasing fluence: (f.e. at Φ=2,04E19 cm-2 ∆T41 

is 42°C (no segregations) and at Φ=2,49E19 cm-2 ∆T41 is 49°C (segregations)).  

The reviewed data have shown, that segregations may decrease the USE, however a drop 

below 68 J is only expected for very strong segregated „lower bound“ materials like KS07. In 

this context it has to be stated, that the heats KS07 A/B/C were deliberately manufactured as 

“lower bound” materials to study the detrimental effects of a high hydrogen content in 

combination with segregations on the mechanical properties. A heat like KS07 A/B/C would 

never be used in a RPV. On the other hand no significant influence of segregations on ∆T41 

and RTNDT was found since the increase of RTNDT(j) with increasing fluence is not much 

different for the segregated material compared to the non segregated material. This indicates 

that the segregations may have an impact of the initial unirradiated state but no impact on 

the irradiation behavior itself. Furthermore, it could be shown that applying the RTNDT-concept 

even to segregated base materials yields to significant safety margins with respect to the 

ASME “lower bound” KIc-curve.  
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Abstract 
The present contribution is focused on the experimental investigations and numerical 
simulations of the deformation behaviour and crack development in the austenitic stainless 
steel X6CrNiNb18-10 under thermal and mechanical cyclic loading in HCF and LCF regimes. 
The main objective of this research is the understanding of the basic mechanisms of fatigue 
damage and the development of simulation methods, which can be applied further in safety 
evaluations of nuclear power plant components. In this context the modelling of crack 
initiation and crack growth inside the material structure induced by varying thermal or 
mechanical loads are of particular interest. The mechanisms of crack initiation depend 
among other things on the type of loading, microstructure, material properties and 
temperature. The Nb-stabilized austenitic stainless steel in the solution-annealed condition 
was chosen for the investigations. Experiments with two kinds of cyclic loading – pure 
thermal and pure mechanical – were carried out and simulated.  

The fatigue behaviour of the steel X6CrNiNb18-10 under thermal loading was studied within 
the framework of the joint research project [4]. Interrupted thermal cyclic tests in the 
temperature range of ~150 °C to 300 °C combined with non-destructive residual stress 
measurements (XRD) and various microscopic investigations, e.g. in SEM (Scanning 
Electron Microscope), were used to study the effects of thermal cyclic loading on the 
material. This thermal cyclic loading leads to thermal induced stresses and strains. As a 
result intrusions and extrusions appear inside the grains (at the surface), at which 
microcracks arise and evolve to a dominant crack. Finally, these microcracks cause a 
continuous and significant decrease of residual stresses.  

The fatigue behaviour of the steel X6CrNiNb18-10 under mechanical loading at room 
temperature was studied within the framework of the research project [5], [8]. With a 
combination of interrupted LCF tests and EBSD measurements the deformation induced 
transformation of an fcc-austenite into a bcc ’-martensite was observed in different stages 
of the specimen lifetime. Plastic zones develop at the crack tips, in which stress and strain 
amplitudes are much higher than the nominal loading, and enable martensitic transformation 
in the surrounding of the crack tip. The consequence of this is that cracks grow in the 
“martensitic tunnels”. The short and long crack growth behaviours of the steel X6CrNiNb18-
10 under mechanical loading at room temperature and T = 288 °C were studied for different 
loading parameters. Moreover, the R-ratio was modified in order to study the effect of crack 
closure at the crack tip for long cracks. 

Several FE models of specimens with different geometries and microstructures were created 
and cyclically loaded according to the experimental boundary conditions. A plastic 
constitutive law based on a Chaboche type model was implemented as a user subroutine in 
the FE software ABAQUS. The corresponding material parameters were identified using 
uniaxial LCF tests of X6CrNiNb18-10 with different strain amplitudes and at different 
temperatures. These calculations delivered the estimation of stress and strain distributions in 
the critical areas in which the crack initiation was expected. 

 

1 Introduction / Motivation 
A large number of components in nuclear power plants are exposed to cyclic loading for 
which fatigue failure must be excluded. The evidence of sufficient fatigue safety margins is 
based on fatigue analyses. The determination of the fatigue lifetime rests on the assumption 
that certain damage events accumulate in a linear manner over time. The damage state, 
therefore, is described indirectly as a function of equivalent stress or strain amplitude versus 
crack initiation curve. This solution is often a pragmatic approximation for engineering 
applications, but it does not explain the mechanisms underlying fatigue and crack formation 
on the microscopic level. Especially the role of the materials microstructure in the fatigue 
process remains in this approach unexplained. The knowledge of these correlations is, 
however, necessary when setting up of the optimal microstructure ensuring longer lifetime is 
intended. 



 

2 Material 
Nb-stabilized austenitic stainless steel X6CrNiNb18-10 with chemical composition as 
presented in Table 2-1 has been used in both projects.  

Table 2-1:  Chemical composition of the X6CrNiNb18-10 steel (in weight %, from melt analysis) [1], 
[2].1st line: material used for thermal loading; 2nd line: material used for mechanical 
loading.  

C Si Mn P S Cr Ni Nb Ta 

0.023 0.340 1.860 0.019 0.002 18.100 10.100 0.450 --- 

0.043 0.410 1.900 0.019 0.002 17.150 10.300 0.660 0.008 

Balance Fe 

 

The material used for fatigue tests under thermal loading was forged, solution-annealed at 
T = 1020 °C for 150 minutes and water-quenched to room temperature [1]. Due to a strong 
microstructural inhomogeneity (hardness, grain size) in a rod cross-section – from the 
surface area to the centre – the rod was solution-annealed again at T = 1030 °C for 90 
minutes and quenched with liquid nitrogen.  

The material used for fatigue tests under mechanical loading was manufactured by melting 
metallurgy, casting and forming process with subsequent solution heat treatment at 
T = 1050 °C for 10 minutes and was water-quenched to room temperature [2].  

The resulting microstructures, presented in Figure 2-1, consist of austenitic grains with 
several twins, some isolated δ-ferrite grains and finely distributed niobium carbides (NbC) 
located along the grain boundaries, dislocations and lattice imperfections inside the grains. 
The growth of large NbC often results in NbC depletion at the grain boundaries.  

 

  

(a) (b) 

Figure 2-1:  Microstructure of the X6CrNiNb18-10 steel after heat treatment: (a) material used for 
thermal loading; (b) material used for mechanical loading. 

 

Two classes of NbC size distributions, with the average values of: 

 fine fraction - 45 nm and 33 nm  

 coarse fraction - 228 nm and 410 nm respectively,  

were found in an undeformed state of X6CrNiNb18-10 steel by using replica and thin foils.  

 

 



 

3 Experiment 

3.1 Thermal cyclic loading 
Interrupted thermal cyclic tests in the temperature range of ~150 °C to 300 °C were used to 
study the effects of thermal cyclic loading on the material. Therefore a special type of 
specimen (Figure 3-1) with a concave shape (so-called “calotte”) on both sides was 
developed to realise high frequent (HCF) thermal cyclic loading. The dimension of these 
specimens enabled non-destructive residual stress measurements (XRD) and various 
microscopic investigations, e.g. in Scanning Electron Microscope (SEM) on a polished 
specimen surface.  

                          

Figure 3-1:  Specimen with a concave shape (“calotte”) on both sides. 

 

The parameters of the thermal cyclic tests are shown in Table 3-1.  

Table 3-1:  Parameters of the thermal cyclic tests. 

temperature range temperature difference heating rate cooling rate 

~ 150 °C – 300 °C ~ 150 K ~ 90 K / s ~ 75 K / s 

 

Well-defined and repeatable temperature states as well as stress and strain conditions were 
realised with the test device shown in Figure 3-2.  

 

 
 

(a) (b) 

Figure 3-2:  Test device for thermal cyclic loading: (a) schematic figure; (b) real test device. 

 

The specimen (1) was heated inductively (2) and cooled by pressurised air (3). During the 
thermal cyclic tests no additional external mechanical load was applied. The local surface 
temperature in the centre of the specimen was measured continuously on both sides with 
two pyrometers (Figure 3-2 a (4a) and (4b)). Because of the small wall thickness in the 
centre of the specimen, these temperatures were almost identical.  



 

Figure 3-3 shows, as an example, the measured surface temperature of the thermal cyclic 
test in the range of ~150 °C to 300 °C for the first 500 seconds (a) and in detail (b). After 
heating from room temperature to maximum temperature (300 °C) with reduced generator 
power, the temperature holding stage (120 seconds) and subsequently the thermal cycling 
(heating with full generator power and alternating cooling) are observable.  

 

  

(a) (b) 

Figure 3-3:  Measured surface temperatures (pyrometer) in the centre of the specimen: (a) overview; 
(b) detail while thermal cycling. 

 

Additional temperature measurements with an infrared camera were used to study the 
temperature profile during thermal cyclic loading on the specimen surface. Figure 3-4 
illustrates that the temperature profile varies strongly in space and time. Nevertheless, there 
is almost a uniform radial temperature profile concentrically around the middle of the 
spherical cap. This behaviour was observed at the heating peak (Figure 3-4 a) as well as at 
the cooling valley (Figure 3-4 b).  

 

  

(a) (b) 

Figure 3-4:  Surface temperatures measured at certain points in time: (a) temperature profile at the 
heating peak; (b) temperature profile at the cooling valley. 

 

In addition to the temperature measurements with the infrared camera, the resulting strains 
at the specimen surface were measured with the non-contact and material independent 
measuring system ARAMIS [3]. The results in the middle of the spherical cap, as an 
example, are presented in Figure 3-5.  

Throughout the first heating up to maximum temperature (300 °C), the measured strains in 
horizontal and vertical directions increase as well (a). During the thermal cycling (b), the 



measured strains alternate with a small phase shift relating to the measured temperature. 
Altogether, the measured values of the horizontal strain (x) are larger than the vertical (y) 
strain values. A possible reason for that could be the geometry of the inductor with an open 
contour at the bottom side.  

 

  

(a) (b) 

Figure 3-5:  Strains measured with the optical 3D deformation analysis system ARAMIS compared 
with measured surface temperature in the middle of the spherical cap: (a) overview; (b) 
detail with thermal cycling. 

 

3.2 Mechanical cyclic loading 
In addition to LCF tests performed on cylindrical specimens [7], miniature C(T) specimens 
with a half round notch (Figure 3-6 a) were manufactured and cyclically loaded in HCF 
regime. The dimensions of these both types of specimens allowed a non-destructive 
investigation in SEM and a new loading after break. The near notch area of the C(T) 
specimen was observed by light microscope during the test. The crack initiation and crack 
development at different stages of the specimen lifetime were recorded (Figure 3-6 b, c). The 
crack length increments da after short cycle intervals dN were measured and evaluated as a 
function of the crack length and location of microstructural barriers (grain boundaries) for 
different loading parameters (Figure 3-6 d).  

 

  

(a) (c) 



 
 

(b) (d) 

Figure 3-6:  (a) Miniature C(T) specimen; (b, c) Crack growth in the notch; (d) Crack growth velocity 

dNda as a function of the crack length measured in the miniature C(T) specimen of 

X6CrNiNb18-10 under cyclic loading with the upper force of 900 N, R = 0.1. 

 

3.3 EBSD, SEM and XRD 
3.3.1 Microstructure after thermal cyclic loading 
Interrupted thermal cyclic tests in the temperature range of ~150 °C to 300 °C were used to 
study the effects of thermal cyclic loading on the material. For this purpose non-destructive 
residual stress measurements (XRD) and various microscopic investigations, e.g. in 
Scanning Electron Microscope (SEM), were carried out.  

As an example, the surface-microstructure in the middle of the spherical cap at initial 
conditions (a) and after thermal cyclic loading (b) is presented in Figure 3-7. Several 
microcracks and significant surface modifications were detected. As a remark, the hardness 
indentations were used as position marks ensuring to analyse the same position at all times 
and did not affect the investigation results.  

 

  

(a) (b) 

Figure 3-7:  Surface-microstructure in the middle of the spherical cap: (a) initial conditions; (b) after 
thermal cyclic loading of 12’500 cycles. 

 

Inside several grains parallel line patterns with different orientation from grain to grain did 
arise. Figure 3-8 illustrates that these parallel line patterns are slip bands with characteristic 
intrusions and extrusions.  



  

(a) (b) 

Figure 3-8:  Surface-microstructure in the middle of the spherical cap after 12’500 thermal cyclic 
loadings: (a) parallel line patterns; (b) detail with intrusions and extrusions. 

 
By means of the Focused Ion Beam (FIB) method, these surface effects were investigated 
exemplarily down to a depth of ~20 µm at several positions in the middle of the spherical 
cap. Besides the microscopic observations at the surface, the shape of the parallel intrusions 
and extrusions in depth are illustrated in Figure 3-9, as an example.  

 

  

(a) (b) 

Figure 3-9:  FIB-investigation of intrusions and extrusions in the middle of the spherical cap after 
22’000 thermal cyclic loadings: (a) overview; (b) detail with subgrain structure.  

 
Microcracks initiate and arise at some of these parallel intrusions and extrusions into the 
specimen depth and along the parallel direction, as shown in Figure 3-10.  

 

  

(a) (b) 

Figure 3-10:  FIB-investigations of microcracks in the middle of the spherical cap after 22’000 thermal 
cyclic loadings at different positions: (a) microcrack; (b) initiation of microcracks.  



 

In the course of progressive thermal cyclic loading, some of these microcracks evolve to a 
dominant crack. Figure 3-11 displays one side (a) of the dominant crack and the 
corresponding crack tip (b). 

 

  

(a) (b) 

Figure 3-11:  Dominant crack in the middle of the spherical cap after 22’000 thermal cyclic loadings: 
(a) one side of the dominant crack; (b) detail of the corresponding crack tip.  

 

Furthermore, these microcracks cause a continuous and significant decrease of residual 
stresses in the middle of the spherical cap. Figure 3-12 illustrates the scatter bands of 
residual stresses measured by the non-destructive XRD method in the course of progressive 
thermal cyclic loading. After occurrence of the dominant crack, almost no residual stresses 
were detectable.  

 

Figure 3-12:  Scatter bands of residual stresses measured by the non-destructive XRD method in the 
middle of the spherical cap in the course of progressive thermal cyclic loading.  

 



 

3.3.2 Microstructure after mechanical cyclic loading at room temperature 
Short cracks 

The EBSD measurements of both specimen types – cylindrical and C(T) ones – were 
performed before loading and in the same areas after loading at different stages of the 
specimen lifetime. The EBSD scans before loading delivered the information about grain 
geometry and orientation. The EBSD scans taken at different stages of the specimen lifetime 
showed microstructural changes leading to martensitic transformation and initiation of fatigue 
cracks.  

In cylindrical specimens the crack formation was observed in the interface between austenite 
and ’-martensite or in fully martensitic areas. Martensitic transformation took place there 
before the first crack emerges. In C(T) specimens the crack path is enforced through the 
specimen geometry. As soon as the crack emerges, martensitic transformation at the crack 
tip takes place. This permanent phase transformation at the crack tip forms a kind of 
"martensitic tunnel" in which the crack grows. The thickness of the martensitic layer depends 
on the grain orientation and can be locally very thin and thereby difficult to detect.  

 

  

(a)  grain orientations in austenite (b)  phase distribution:  

green - austenite, red - ’-martensite 

Figure 3-13:  Crack propagation in the “martensitic tunnel” in the miniature C(T) specimen loaded with 
an upper force of 900 N, R = 0.1: (a) distribution of the grain orientation in austenite; (b) 
phase distribution: green - austenite, red - ’-martensite.  

 

Long cracks 

Several tests were carried out with standard C(T) specimens to determine the crack growth 
behaviour of long cracks and the threshold value where no further crack growth occurs. The 

load ratio R = 
load

load

max

min
 was varied from 0.1 to 0.7. As an example for all tests, the 

specimen of X6CrNiNb18-10 loaded with R = 0.1 is shown in Figure 3-14.  
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Figure 3-14:  Crack growth behaviour of a C(T) specimen of X6CrNiNb18-10, R = 0.1, air condition, 
room temperature. 

 

The experimental K -data vary between 5 mMPa  and 50 mMPa . The approximation 
according to Paris law [10] of the linear data range  

dNda  = nKC  

leads to fitting parameters of 7x10-10 for C and 3.7 for n. The parameters from ASME XI [11] 
for austenitic materials are 2.43x10-9 for C and 3.3 for n, so that both curves intersect each 
other. For higher K -values the ASME XI-equation predicts lower crack growth rates then 
experimentally determined. Another approximation was carried out using the Erdogan-
Ratwami-equation [11]: 

dNda  = 
KKR

KKC

c 


)1(

)( 0  

This equation fits the whole range of cyclic crack growth between threshold value and 
collapse. The fitting is quite good in the linear range of cyclic crack growth, but not 

conservative in the range of low K -values. For K -values higher than 50 mMPa  no 
crack growth data could be determined because of the specimens plastification. These 
results can be regarded as valid for all other R-ratios investigated. 

 

4 Simulations 

4.1 User Material Subroutine (UMAT) for thermal and mechanical 
loading 

For the numerical modelling a plastic constitutive law based on a Chaboche type model 
incorporating kinematic and isotropic hardening has been employed. This law has been 
implemented into the FE software ABAQUS as a user subroutine using a fully implicit 
integration scheme. The material parameters of the model have been identified on the basis 
of uniaxial LCF tests of X6CrNiNb18-10 at different temperatures and for different strain 
amplitudes. 



4.2 Simulation of thermal cyclic loading 
The experimental tests mentioned in chapter 3.1 were analysed by means of 3D finite 
element calculations (FE simulations). Therefore, extensive numerical investigations with 
user subroutines were carried out to reproduce the real behaviour of the specimen. As an 
example, the surface temperatures (temperature profile) at heating peak measured with 
infrared camera (a) are compared with the thermal FE-simulation with ABAQUS (b) in Figure 
4-1. The good qualitative and quantitative match is clearly illustrated.  

 

  

(a) (b) 

Figure 4-1:  Surface temperatures (temperature profile) at heating peak: (a) measured with infrared 
camera; (b) simulated with ABAQUS. 

 
The numerically calculated, time-dependent and inhomogeneous temperature fields were 
assigned to the mesh of the 3D FE model. These temperature fields result in thermally 
induced stresses and strains. The used material model is described in chapter 4.1. Some 
results of the mechanical FE-simulation in the middle of the spherical cap, as an example, 
are presented in Figure 4-2.  
 
Throughout the first heating up to maximum temperature (300 °C), the calculated strains in 
horizontal and vertical direction increase as well (Figure 4-2 a). During the thermal cycling 
(Figure 4-2 b), the calculated strains alternate with a small phase shift relating to the 
temperature. Altogether the identified effects of the real specimen (see Figure 3-5) were 
displayed by the FE simulation.  
 

  

(a) (b) 

Figure 4-2:  Strain profile compared with surface temperature in the middle of the spherical cap as a 
result of the FE simulation with ABAQUS: (a) overview; (b) detail while thermal cycling. 



4.3 Simulation of mechanical cyclic loading 
Several three dimensional FE models of specimens with different geometries e.g. C(T) 
specimens with long or short notches, bar-specimen, double-edged-notched flat tensile 
specimen etc. were created and simulated in order to find an optimal specimen shape 
suitable for observations of crack initiation and development of short cracks. An isotropic 
version of the UMAT describing cyclic elastic-plastic deformation behaviour of the 
X6CrNiNb18-10 material on the macroscopic (specimen) level at room temperature was 
successfully tested and applied for different loading amplitudes according to the experimental 
boundary conditions. Stress concentrations and a plastic zone formed near the notch have 
been observed in the simulations after already few loading cycles. Stress and strain ranges 
for nodes near the notch, where the crack initiation was expected, were evaluated for several 
points between minimum and maximum load during a few loading cycles. Based on these 
results the tendency in the development of stress and strain in the critical specimen areas 
was predicted.  

(a) 5th cycle, von Mises stress at the 
maximum loading point 

(b) 5th cycle, von Mises stress at the 
minimum loading point 

(c) 1st cycle, equivalent plastic strain at the 
maximum loading point 

(d) 1st cycle, equivalent plastic strain at the 
minimum loading point 

(e) 5th cycle, equivalent plastic strain at the 
maximum loading point 

(f) 5th cycle, equivalent plastic strain at the 
minimum loading point 

Figure 4-3:  FE simulations of the deformation behaviour of the C(T) specimen of X6CrNiNb18-10 
under mechanical cyclic loading. Upper load Fu = 900 N, R = 0.1.  



 

Figure 4-3 shows the distribution of von Mises stress and equivalent plastic strain in the 
model of the miniature C(T) specimen loaded with an upper load Fu = 900 N and R = 0.1 
after the first and the fifth cycle. 

In the applied UMAT version no martensitic transformation was included into the model. This 
fact is in accordance with the EBSD observations that no martensitic phase has been found 
in the C(T) specimen before crack initiation, even after a great number of loading cycles. As 
soon as a fatigue crack emerges an ’-martensite forms at the crack tip. This phase 
transformation is connected with a local change of materials properties and with a volume 
increase in the transformed areas. The extension of the isotropic UMAT version is currently 
being made.  

 

5 Results and discussion 
In the austenitic stainless steel X6CrNiNb18-10 different crack initiation mechanisms were 
observed under thermal cyclic and mechanical cyclic loading. In the material under thermal 
cyclic loading in the temperature range of ~150 °C to 300 °C, inhomogeneous temperature 
fields result in thermally induced stresses and strains, that cause intrusions and extrusions 
inside the grains (at the surface). In the course of progressive thermal cyclic loading, 
microcracks initiate and arise at some of these parallel intrusions and extrusions and finally 
evolve to a dominant crack. Furthermore, this is accompanied by a continuous and 
significant decrease of residual stresses. In the material under mechanical cyclic loading at 
room temperature, formation of deformation induced martensite in the austenitic matrix was 
observed. The bcc ’-martensite is unlike a tetragonal variant ductile and soft. The volume 
fraction of the transformed martensite depends on the loading amplitude. Higher strain 
amplitude leads to a larger volume fraction of martensite. The critical strain amplitude that 
must be exceeded in order to trigger the phase transformation is about 0.3 %. Additionally, a 
certain amount of accumulated strain must be achieved in order to “prepare” the 
microstructure for the transformation which is connected with a volume expansion of 2 %. In 
the cylindrical smooth specimens loaded in LCF regime, the formation of martensite was 
observed before crack initiation. Fatigue cracks arose in the phase boundaries between 
austenite and martensite or in fully martensitic areas. In the miniature C(T) specimens under 
cyclic loading the formation of a plastic zone near the notch was observed. At a later point of 
loading a fatigue crack emerged in the notch root. At the crack tip, where stress and strain 
amplitudes are much higher than nominal loading, martensitic transformation takes place and 
leads to a kind of “martensitic tunnel” around the growing crack. This process is connected 
with crack closure and a reduction of the propagation rate. The crack closure is enforced by 
a volume expansion during the martensite formation [6], [9].  

 

6 Summary and conclusion  
This work aims at a deeper understanding of the basic phenomena which are accompanying 
fatigue on the nano- and micro-levels in the austenitic stainless steel X6CrNiNb18-10 at 
thermal and mechanical loading in air. For this purpose experiments and finite element 
simulations have been performed. From the understanding of the phenomena underlying 
fatigue in the X6CrNiNb18-10 for different loading and temperature conditions, the impact of 
the microstructure on the crack formation and crack growth under cyclic loading can be 
identified more reliably. 
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Abstract 

During non-destructive inspection of the reactor pressure vessels in the Belgian nuclear 
power plants Doel 3 and Tihange 2, a large number of crack-like indications located in the 
base metal of the core shells were found. As part of the evaluation of these indications, 
which were identified as flake-like separations (hydrogen flakes), questions arise as to their 
cause, possible operational growth and the impact on the continued safe operation of the 
plant. In addition to the operational load cases, possible accidental and beyond design load 
cases are also of importance.  

Within the scope of the “Research Project Component Safety” (Forschungsvorhaben 
Komponentensicherheit - FKS) in the time frame mid-1970s to mid-1990s, numerous R&D 
activities on the material mechanics behavior and qualification of RPV materials were 
performed at MPA University of Stuttgart. The objectives of these investigations were 
focused on material mechanical issues related to the integrity of components and included 
standard material testing as well as component-like large scale specimen tests. Another 
major objective was the evaluation of non-destructive testing (NDT) methods with respect to 
their detection capabilities for such defects which developed during the manufacturing 
process. The investigations also included a study of the conditions favorable for formation or 
prevention of hydrogen flaking.  

In the context of this paper, the results from these R&D activities are presented in view of the 
current issues and in relation to the integrity concept for German RPVs. Ultrasonic testing 
(UT) techniques applied during manufacturing and during in-service inspections of German 
RPVs will also be discussed.  

1 Introduction  

In June 2012, the Belgian nuclear power plant (NPP) operator Electrabel performed 
ultrasonic in-service inspections at NPP Doel unit 3 to check for underclad cracking in the 
reactor pressure vessel (RPV) shells, in addition to the periodic in-service inspection 
according to ASME XI. No such defects were detected. However, the inspections 
unexpectedly revealed a large number of indications in the base metal of the RPV core 
shells. A full volumetric RPV shell inspection with an optimized inspection technique 
confirmed the presence of a high number of similar indications, which were characterized as 
lamellar flaws with orientation parallel to the surfaces of the RPV shells. Evaluation led to the 
conclusion that the flaws were manufacturing defects caused by hydrogen cracking. During 
the September 2012 inspection of the RPV shells of NPP Tihange 2, which is of comparable 
design and manufacturing history, the same type of indications was found, albeit in smaller 
numbers.  

NPP Doel 3 is a 3-Loop Pressurized Water Reactor (PWR - Westinghouse Design) with a 
power of 1006 MWe. It started its operation in 1982 with a designed life time until 2022. 
Design and manufacturing of the mechanical components, like the RPV (inner diameter 
3988 mm, wall thickness 205 mm) was performed according to the U.S. standard at that time 
(ASME Boiler and Pressure Vessel Code - edition 1973). The ingots for the forged 
components (material SA 508 Cl.3, comparable to German material 20MnMoNi5-5) were 
provided by Friedrich Krupp Hüttenwerke (Germany). For all components, the main forging 
operations as well as heat treatment and various examinations were carried out by 
Rotterdamsche Droogdok Maatschappij/Rotterdam Nuclear (RDM/RN), [1] [2]. Cockerill 
(Belgium) applied the cladding on the components making up the lower portion of the vessel 
and performed the assembly of that part of the vessel.  

The news about the high number of indications in the base metal of the core rings of the 
Doel 3 RPV raised questions in Germany regarding the inspection during manufacturing as 
well as during in-service inspection. These questions are summarized as follows:  



 Against the background of the defects found in Doe 3 and Thiange 2, do the 
inspections methods for the RPV employed in Germany reflect the state-of-the-art of 
science and technology? Are there additional inspection techniques necessary for the 
examination of the base metal of the RPV shell?  

 Were the examinations, the quality control and the data documentation during 
fabrication of the RPV, especially after heat treatment steps, carried out in such a 
manner that defects of the type found in Doel 3 and Thiange 2 could have been 
detected?  

 Within the FKS project in the time frame end of 1970s to mid of 1980s investigation 
were performed at MPA University of Stuttgart related to manufacturing defects on 
heavy components as well as special material melts. What are the main conclusions 
with respect to the assumed damage mechanisms in Doel 3 RPV? Are the assumed 
damage mechanisms plausible?  

To answer the first two questions, the ultrasonic testing (UT) techniques at the time of 
fabrication and the applied procedures (codes and specifications) for German RPVs will be 
discussed with respect to their to detection capabilities for cracks of the Doel 3 type. The 
techniques used in Germany for pre-service inspection as required in the regulations of the 
Nuclear Safety Standards Commission (KTA) will also be considered.  

The statements and remarks in this paper concerning materials properties, manufacturing 
processes (heat treatment) and the possible damage mechanism for Doel 3 are based on 
R&D activities performed on materials for RPVs, in particular the Research Project “FKS” 
(“Forschungsprogramm Komponentensicherheit”), [3] [4] [5].  

2 Investigations on RPV Materials concerning Manufacturing 

Defects  

2.1 General Remarks 

During the early 1970s, the technical expertise attained from fossil-fired power plants 
resulted in proposals for the design and manufacturing of RPVs, [6] [7]. These already 
included the basic intentions underlying the “Basis Safety” [8], developed at the end of the 
1970s in Germany for safety relevant pressurized components of NPP [9], and established 
as “Basis Safety Concept” at the beginning of the 1980s [10].  

In 1971, contracted by the „Bundesministerium für Bildung und Wissenschaft“ (German 
Federal Ministry for Education and Science), MPA University of Stuttgart prepared a status 
report concerning research on pressure vessels for NPP: „Statusbericht über die Forschung 
auf dem Kernreaktor-Druckbehälterwesen“ [11]. This initiated investigations for the RPV 
material 22NiMoCr3-7 including base metal and heat affected zone (HAZ), as well as 
weldability and weld reliability [12].  

In the middle of the 1970s, the FKS project was specified and started [13]. Within the FKS 
project, which was conducted at MPA University of Stuttgart in the time from 1977 to 1996, 
numerous heavy components as well as special melts of the materials 22NiMoCr3-7 [3] 
(similar to ASTM A508, Cl. 2) and 20MnMoNi 5-5 [4] (similar to ASTM A533, Gr. B, Cl. 2) 
were investigated. In addition to the optimized material characteristics, special melts with 
lower bound conditions, containing segregations and defects, or lower bound chemical 
compositions were investigated (FKS designations KS02, KS04 and KS07C), Figure 1. The 
relevant documents and reports of MPA University of Stuttgart and of the members of the 
consortium “Komponentensicherheit” (component safety) are available [5].  

Chemical reactions during solidification of a large mass of steel can result in segregations in 
the micro and macro range, depending on location and cooling process, e.g. [14]. By piercing 



of the solid ingot, positive and negative segregations and V-segregates are largely removed. 
Minor piercing results in larger areas with segregations being left in the part. During 
fabrication of the ingots for the Doel 3 RPV, the piercing diameter was Ø=475 mm (compared 
to the AREVA procedure: Ø=820 mm), Figure 2, [15] [16].  

To answer the questions which came up related to the indications of the Doel 3 RPV, FKS 
documents available on such components and special melts containing segregations and 
defects were chosen. This involves components rejected during manufacturing and 
specimens fabricated from material of special melts (FKS designations KS02, KS04 and 
KS07C).  

The chemical composition of the FKS melts KS02 (rejected RPV flange ring), KS04 (rejected 
steam generator tube sheet) and KS07C (special melt ingot for forging) is shown in Table 1 
in comparison to Doel 3. Concerning KS02 and KS04 only for the chromium content, there is 
a distinct difference to Doel 3.  

2.2 RPV Head Flange – Material KS02  

FKS material KS02 consisted of a RPV head (flange) ring for a 1300 MWe PWR 
manufactured from material 22NiMoCr3-7, Figure 3. During the ultrasonic inspection of the 
two RPV half-rings after tempering, indications were detected in the middle of the wall. Due 
to the indications the half-rings were rejected [3]. For evaluation of the ultrasonic indications, 
the commonly used DGS method (Distance-Gain-Size) was applied (see also section 3.2). 
This method is based on the comparison of the ultrasonic amplitude of the indication with the 
amplitude of an artificial reference flaw, consisting of a circular disk-shaped reflector (KSR - 
“Kreisscheibenreflector”) with ideal orientation relative to the propagation direction of the 
ultrasound. The result is given in terms of the diameter of the KSR in millimeters. For the 
flange ring KS02, most of the UT indications had amplitudes around KSR 5 mm, the 
maximum amplitude was KSR 20 mm. The result of the metallographic examination of the 
drill core #11 is pictured in Figure 4. The macro crack is visible at the top of the Figure, while 
a detail of this crack is presented as section A. In addition to this section, another detail is 
shown in section B. Fractographic investigations identified the UT indications as “hydrogen 
flakes”, in all probability caused by micro shrinking under hydrogen influence [17].  

For further investigation, the RPV half-rings were portioned into twelve segments. Some of 
them were tempered, others were re-forged as plates with subsequent tempering. To 
examine the influence of the degree of deformation (degree of forging) on the existing flaws 
in the material, UT inspection results before and after re-forging were compared. As a result, 
already for low degrees of forging (about 10 %) a reduction of the number of detected 
indications as well as a reduction of the size of the indications (KSR) was observed. For a 
degree of forging of about 30 %, no UT indications could be detected.  

In addition to these micrographic and fractographic investigations made from the drill cores of 
the flange ring KS02, the mechanical properties were a main focus [3], especially when a 
RPV has such cracks. The tests of specimens taken from different parts of the material 
showed that there were only minor differences between segregated and non-segregated 
areas. The hardness profile on a line perpendicular to the lines of segregations showed a 
micro hardness of 280 HV0.05 in the segregated areas compared to 210 HV0.05 in non-
segregated areas. The concentration of alloying and trace elements in the segregations 
showed a multiple of the mean value [17]. Tensile test with round bar specimen KS02 KBB 
with a diameter of 400 mm taken from an area with indications resulted in a rupture stress of 
637 MPa, which corresponds to 97 % of the ultimate tensile strength of a standard tensile 
specimen (without indications) [18].  

After re-forging, two segments of the RPV half-rings were embedded in the MPA full scale 
pressure vessel “MPA-Großbehälter” (900 MWe BWR) for further investigations, Figure 5.  



2.3 Steam Generator Tube Sheet – Material KS04  

FKS material KS04 consisted of a steam generator tube sheet manufactured from material 
22NiMoCr3-7. During UT examination of the tube sheet, indications were detected in the 
bottom region. Due to the indications the tube sheet was rejected [3]. The UT indications had 
amplitudes up to KSR 14 mm, with a maximum frequency at about KSR 3.5 mm.  

For further investigation, the steam generator tube sheet was portioned into segments. Some 
of the segments were used for investigations concerning the formation of segregations and 
their influence on the load bearing behavior. The distribution of enrichment of sulfur was 
identified [17]. In the middle segment of the tube sheet, micro and macro segregations as 
well as micro and macro cracks were detected. The detected cracks with lengths up to 
10 mm and the circular flake-like separations with 12 mm in diameter were assumed to be 
caused by the influence of hydrogen (“hydrogen flakes”) [3]. The flakes were predominantly 
located in the lines of segregations. The center of the flakes was coated with manganese 
sulfide (MnS) [17]. Specimens for tensile testing and specimens for notched-bar impact 
testing taken from segregated and non-segregated areas showed only minor differences in 
the results. The hardness profile taken perpendicular to the lines of segregations showed a 
micro hardness or 240 HV0.05 in the segregated areas compared to 200 HV0.05 in non-
segregated areas. Tensile test with round bar specimen KS04 AA02 with a diameter 400 mm 
taken from an area with indications resulted in a rupture stress of 567 MPa, which 
corresponds to 90 % of the ultimate tensile strength of 630 MPa of a standard tensile 
specimen (without indications) [18].  

Parts of the steam generator tube sheet were also embedded in the MPA full scale pressure 
vessel (900 MWe BWR) for further investigations.  

2.4 Slab Ingot– Material KS07C  

FKS material KS07C consists of material 22NiMoCr3-7 with lower bound material conditions 
as to low toughness in conjunction with defects in the micro and macro range [3]. Based on 
the ladle analysis and testing of FKS melt KS07A/B and KS07E, a special ingot for forging 
(KS07C) with dimensions comparable to the RPV head ring was produced to investigate 
intense segregations and cracking (flake-like cracking). This was realized by a specific 
choice of chemical compositions (sulfur content reduced from 0.020- 0.025 % to 0.012-
0.015 %, vanadium content reduced from 0.05 % to 0.01 %, and H2 content increased from 
1.5 ppm to a value of 2.5 to 4 ppm), in combination with a modified manufacturing process 
[3]. Metallographic examination [17] at the middle section of the slab ingot showed that 
number and size of the lines of segregations were increasing from the outside to inside of the 
blocks. The hardness profile perpendicular to the lines of segregations showed a micro 
hardness of 280 HV0.05 in the segregated areas compared to 210 HV0.05 in non-
segregated areas. The concentration of alloying and trace elements in the segregations 
showed a multiple of the mean value. The concentration of molybdenum reaches values of 
up to 4 %.  

Visual inspection and magnetic particle testing of the ingot showed macro and micro cracks. 
These cracks were also clearly recognizable at the surfaces of the tensile test specimens. 
The tensile test specimens had a diameter of 100 mm and were tested at temperatures of 
90 °C and 280 °C, strength values Table 2. The tensile test specimens are shown in Figure 
6, test results in Table 3. The fractured surface of one of these specimens (KS07 CBC ACB) 
is pictured in Figure 7. The fissured fracture surface is a typical outcome when hydrogen 
flakes and oxides are present, [19] [20] [21].  

2.5 Conclusions for the German Nuclear Safety Standards  

In summary, the results of the FKS program on those special specimens show that from the 
fracture mechanics point of view the components withstand the pressure under normal 



operating conditions even with the described defects. However, the impacts of loads 
specified for level C and D service conditions as well as loads exceeding the specified 
conditions of the design phase were not considered explicitly for such type of crack pattern. 
The result of standard tensile and notch impact test specimens taken from uncracked but 
segregated regions shows no significant difference compared with specimens taken from 

non‐segregated material.  

The experiences collected by the fabrication of the FKS specimens showed that the quality of 
the material for RPV is guaranteed if the specifications are fulfilled. These results were used 
as the fundamental input for the German “Basis Safety”, for the consequential “Basis Safety 
Concept”, and for the subsequent criteria for the preparation of the German nuclear safety 
standard KTA.  

3 Ultrasonic inspection of RPVs  

3.1 Situation for Doel 3 – Inspection and Results 

Following the rules of the ASME Code Section XI, volumetric in-service-inspections of the 
beltline area are limited to the circumferential welds and the heat affected zone. During the 
2012 in-service inspections in Doel 3, the whole reactor pressure vessel was examined in 
addition to the regular requirements in the code. The reason for this change in the inspection 
procedure was a concern about under clad defects, which are normally generated during the 
welding process of the cladding, [22] [23] [24] [25], and were found in the beltline area of the 
NPP Tricastin in France [26]. As explained in [1], no under clad defects were detected at 
Doel 3. However, 158 defect indications of an apparently different type were recorded on the 
basis of the criteria for this UT-inspection optimized for under clad defect detection [27]. The 
source of these indications appeared to be a quasi-laminar type of flaw, more or less parallel 
to the inner/outer surface of the pressure vessel, unlike under clad cracks which are oriented 
perpendicular to the surface. With an optimized and qualified UT inspection system 
approximately 7800 indications were detected in the core lower shell ring and approximately 
900 indications in the upper core shell ring [27]. Based on the pattern of the indications in 
relation to those known from other heavy forgings [28], and their number and position in 
relation to the original ingot, it was assumed that the indications found are caused by 
hydrogen flaking [1]. The estimated defect sizes in Doel 3 average diameters of 10-14 mm, 
while some indications have diameters of more than 20-25 mm.  

In the following, the ultrasonic inspection techniques and evaluation methods applied to 
those German RPVs which are still in operation are discussed in the context of the Doel 3 
flaw type.  

3.2 Ultrasonic inspection during Fabrication of German RPVs  

The specification for ultrasonic inspection of forged heavy components for nuclear power 
plants which was applied in the 1970s in Germany is the AVS13, [29] and [30], which was 
issued by the manufacturer and approved a representative of the regulatory body. For the 
reactor pressure vessel rings, AVS13 requires full volumetric inspection, which is to be 
carried out after the final heat treatment and after final machining. The techniques to be used 
are straight beam (angle of incidence 0°) inspection from all surfaces and angle beam 
inspection (typically 45°) in both axial and both circumferential directions from at least one 
surface. Figure 8 shows a schematic representation of the inspection techniques according 
to AVS13 compared to the ASME code. A more detailed in comparison to the requirements 
of the ASME code [28] is given in [31].  

The criteria specified in AVS13 for recording and for acceptance of indications are based on 
the combination of the amplitude of the reflected UT pulse and the lateral extension of the 
indication. There are additional criteria for accumulations of indications. The method for 



amplitude evaluation is the so-called DGS method (Distance-Gain-Size). It is based on the 
comparison with an artificial reference “defect” which is a circular disc (KSR) with ideal 
orientation relative to the ultrasonic beam. The reference disc size (diameter) for recordable 
and acceptable indications depends on the wall thickness of the component, and on the 
inspection technique used.  

The ultrasonic technique most suitable for detection of surface-parallel flaws like the ones in 
Doel 3 and Tihange 2 is the straight beam inspection in radial direction. For this technique, 
the reference for recordable indications is KSR 6 mm. In case of accumulations of indications 
below that level, the recording limit for the amplitude is reduced by 6 dB. For a wall thickness 
of 150-300 mm, the following acceptance criteria apply: Acceptable reference amplitude for 
short indications (length up to 30 mm) is KSR 15 mm. Acceptable amplitude and length for 
indications are coupled: At the maximum acceptable length of 150 mm, the acceptable 
reference for the amplitude is KSR 6.5 mm. Maximum value for the number of recordable 
indications is 10 per m2 locally, while the total number cannot exceed 5 per m2. Additional 
requirements are: Up to a depth of 30 mm from both surfaces, no indications are acceptable; 
up to a distance of 100 mm from the position of the weld preparations for the circumferential 
welds of the RPV, the maximum amplitude is KSR 11 mm, and the maximum number is 
6 per m2.  

It can be concluded that with the application of the specification AVS13 and its acceptance 
criteria, an accumulation of flaws in numbers and sizes comparable to the Doel 3 and 
Tihange 2 inspection results, would most likely have been detected and characterized as 
unacceptable. In particular, the additional requirements in the case of accumulations of low-
amplitude indications are suitable to ensure detection and documentation of such defects.  

3.3 Pre-service and In-service Inspection in Germany  

The periodic in-service inspections in Germany, which are conducted every 4 years for older 
plants and every 5 years for the newer plants, the so called convoy plants, are carried out 
based on the requirements in the German Nuclear Safety Standard for in-service inspection 
of components of the reactor coolant pressure boundary, KTA 3201.4. For PWR type 
reactors, the RPV inspections are carried out from the inside, for BWR types they are done 
from the outside, while a mechanized ultrasonic system is employed for both. The in-service 
inspection has to cover all welds, including the adjacent heat affected zones, the nozzle inner 
radii, and the control rod ligaments at the head (PWR) or the bottom (BWR). Further tested 
areas are the studs, nuts and threaded stud boreholes. Inspection of the base metal of the 
RPV shells is not required.  

While the inspection of the RPV shell welds is a full volumetric inspection, the inspection 
techniques are chosen to be optimized for service-induced flaws with an orientation 
perpendicular to the surface, not parallel to the surface as the Doel 3 flaw type. Radial 
incidence with a straight (normal) beam probe not is required, but is sometimes added to the 
inspection system to provide additional information on coupling and position. For volumetric 
inspection, amplitude evaluation based on the DGS method is applied. The reference for the 
single probe angle beam technique is a circular disc (KSR) of 3 mm diameter. In addition, the 
so-called tandem technique, a pitch-catch configuration optimized for detection of planar 
flaws oriented perpendicular to the surfaces, is applied. For inspection of the surfaces, a 
3 mm deep and 20 mm long notch is used as reference for setting the recording level.  

For mechanized inspection systems to be used for in-service inspection, a pre-service 
inspection using comparable inspection techniques is required by the Nuclear Safety 
Standards. The sensitivity settings for the inspection system are determined by the 
requirements for in-service inspection. In contrast to the in-service inspection, the pre-service 
inspection covers the complete RPV shells including the base metal. For the German RPVs, 
such a mechanized pre-service inspection was carried out. 



The angle beam techniques used for in-service and pre-service inspection are not optimized 
for detection of planar flaws with orientation parallel to the surfaces. However, the experience 
of the initial 2012 inspection in Doel 3 with a technique optimized for underclad cracks, has 
shown that such a large accumulation of planar, surface-parallel defects can be detected 
even with a technique optimized for a different flaw orientation. This was also confirmed by 
the results obtained in the FKS research program [32]. Unlike the surface of a perfectly 
planar flaw, the rough surfaces of the hydrogen flakes will cause reflection of ultrasound in 
multiple directions, making it possible to detect the flaw with different angles of incidence. 

4 KS Material and RPV Material of Plant Doel 3 

4.1 Manufacturing  

As far as possible, considering the different questions and objectives in the study of the FKS 
melts, the manufacturing process, the chemical composition, the extent and the results of 
non-destructive testing (NDT), as well as the mechanical-technological investigations for the 
FKS melts and the Doel 3 material are summarized and compared. Concerning the data of 
Doel 3 RPV shell, the information was extracted from [15] and [33]. Material, dimensions and 
the different manufacturing processes are shown in Table 4. Table 5 summarizes the 
mechanical-technological investigations performed for the FKS melts KS02, KS04 and 
KS07C.  

4.2 Non-Destructive Testing  

Within the scope of the FKS program, the different FKS materials with different flaw 
configurations were tested using different non-destructive testing methods [32]. For 
volumetric inspection with ultrasonic testing, standard techniques as well as advanced 
techniques for characterization of defects, such as focusing probes or phased array, were 
applied. The standard techniques consisted of the typical UT techniques which would be 
used for quality control during and after the manufacturing process of RPV rings, as well as 
the techniques used for pre-service and in-service inspections. A comparison of the NDT 
inspection results with the actual flaw sizes and positions obtained from destructive testing of 
the test blocks showed that all relevant flaws were detected. As expected, amplitude 
evaluation based on the DGS method with its comparison to the ideal reference flaw led in 
many cases to an underestimation of the flaw size. Here, the advanced analysis techniques 
could provide significant improvement of flaw sizing. With evaluation methods and 
acceptance corresponding to the requirements of the Nuclear Safety Standards, the standard 
techniques proved to be perfectly adequate to detect the relevant defects. In most cases, the 
parts would have been rejected because of accumulation of defects.  

5 Conclusions  

The experiences collected in the FKS program were used as the fundamental input for the 
German “Basis Safety”, for the consequential “Basis Safety Concept”, and for the 
subsequent criteria for the preparation of the German Nuclear Safety Standard KTA.  

The results of the FKS program have shown that from the fracture mechanics point of view 
the components withstand the pressure under normal operating conditions even with the 
described large number and size of defects. However, the impacts of loads specified for level 
C and D service conditions as well as loads exceeding the specified conditions of the design 
phase were not considered explicitly. In this case especially crack initiation and propagation 
(cyclic crack growth and crack instability) and linking of defects are more critical than under 
normal operational conditions (level A and B). For such conditions, the application of 
standard fracture mechanics assessment on such a multi crack configuration ought to be 
challenged.  



 

Concerning the non-destructive testing of RPV shells, an assessment of the inspection 
procedures applicable at the time of fabrication of the RPVs, which are still in operation in 
Germany, lead to the following conclusion: The inspection techniques and evaluation criteria 
for quality control during the manufacturing process were suitable to detect and correctly 
evaluate defects of the type found in Doel 3 and Tihange 2. In addition to the acceptance 
criteria based on defect size and number of defects, the applied specification AVS13 
contains requirements for recording of accumulations of indications even with small 
amplitudes as well as for a measurement of attenuation. The mechanized pre-service 
inspection also covered the full volume of the RPV shells, further reducing the probability of 
undetected fabrication defects. In the FKS research program, results obtained from 
ultrasonic testing on test specimens of material with hydrogen flakes have shown that 
detectability of flaws with non-ideal orientation relative to the sound path strongly depends on 
the characteristics of the crack surfaces. In one of Germany’s nuclear power plants, a 
mechanized ultrasonic inspection of the base metal of the RPV shell in a circumferential 
segment of 30° was carried out in 2012 using a sensitivity setting according to AVS13. No 
recordable indication was detected in the selected area of the base metal of the RPV. This 
result is a confirmation of the production quality and the quality of the inspections at the time 
of the fabrication of the RPV.  
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Table 1 :  Comparison of the chemical compositions of the FKS melts and the RPV of Doel 3  

  C Si Mn P S Cr Mo Ni 

KS02 P 0..21 0..20 0..95 0..007 0.007 0.51 0.57 1.30 

KS04 

bottom 

top 

P  

0.20 

0.22 

 

0.17 

0.18 

 

0.66 

0.68 

 

0.004 

0.004 

 

0.007 

0.008 

 

0.43 

0.44 

 

0.62 

0.64 

 

1.07 

1.1 

KS07 C L 0.30 0.30 0.99 0.020 0.011 0.52 1.03 0.75 

KS07 C P 0.32 0.28 1.01 0.020 0.009 0.56 1.02 0.76 

Doel-3 L 0.23 0.21 1.37 0.010 0.007 0.09 0.48 0.74 

Doel-3 P 0.22 0.26 1.25 0.009 0.009 0.08 0.48 0.72 

Doel-3 P 0.20 0.25 1.25 0.008 0.010 0.08 0.47 0.72 

 

  Al Cu V Sn Co As Sb H2 

KS02 P 0.020 0.09 <0.01 0.007 0.014 0.025 - - 

KS04 

bottom 

top 

P  

0.02 

0.02 

 

0.09 

0.09 

 

0.01 

0.01 

 

0.01 

0.01 

 

0.02 

0.02 

 

0.02 

0.02 

 

0.01 

0.01 

 

KS07 C L 0.005 0.26 0.01 0.009 - 0.022 <0.005 4.2 

KS07 C P 0.005 0.25 0.01 0.009 0.016 0.021 <0.005 - 

Doel-3 L 0.031 0.04 <0.01 - 0.014 - - > 1 

Doel-3 P 0.011 0.04 0.01 - 0.013 - - - 

Doel-3 P - 0.04 0.01 - 0.013 - - - 

P - product analysis   
L - ladle analysis 

 

Table 2 :  Strength values of melt KS07C  

Strength Values, Small Specimen , D=10 mm

Temperature

°C

Rp0,2

MPa

Rm

MPa

RT 619 815

90 571 755

285 540 749
 

 

Table 3 :  Tensile test results, large scale specimens of melt KS07C  

Large Scale Specimen, D=100 mm

Specimen Temperature

°C

Rupture Load

kN

Gross Stress

MPa

Net Stress

MPa

Net Stress / Rp0,2

KS07 CBC AAD 90 2150 272 682 1,19

KS07 CBC AAB 280 2830 360 529 0,97

KS07 CBC ACB 280 1770 225 903 1,67
  



Table 4 :  Comparison of FKS melts KS 02 / KS 04 / KS 07 C with Doel 3 RPV shell 

 KS02 KS04 KS07 C Doel-3 
core lower shell 

Werkstoff-
bezeichnung 

22NiMoCr3-7 22NiMoCr3-7 22NiMoCr3-7 SA508 Cl.3 

Erschmelzung   Elektro-
Lichtbogenofen 

 

Blockgewicht 2x135 to  135 to  

Abgussart Fallend mit Pfannenentgasung 
Erstarrung ohne 
Haubenabdeckung  

Pfannenent-
gasung  

Gießstrahlent-
gasung, 
Erstarrung ohne 
Haubenabdeckung  

 

Blockgröße HxD=2900x1600, ohne Kopf- und 
Fußschrott (49 to)  

Ohne Kopf- und 
Fußschrott 

HxD=3500x2050, 
mit Kopf- und 
Fußteil 

Lochdurchmesser 
475 mm 

Verschmiedung 3x bei 1100 – 700°C, 
Reckschmiedung auf 770 x 1440, 
Verformungsgrad 3, 
Gesenkschmiedung zu Halbringen 
mit Da=7280 mm bei 800°C 

Hammerwerksglühung 

600°C, 640°C, 870°C, 500°C, Luft, 
640°C, 870°C, 500°C, Luft, 650°C, 
Ofenabkühlung 

Blockvergütung KS 02 BB: 

250°,3h, 680°,4h, 880-940°, 10h, 
Wasser, 250°,3h, 640°, 12h, Luft 

Plattenvergütung KS 02 BA: 

250°,3h, 680°,3h, 880-940°, 8h, 
Wasser, 250°,3h, 640°, 10h, Luft 

5x bei 1100 – 
700°C, auf 
D=2000 mm, 
Fertigschmieden 
auf H=880 mm 
und D=3647 mm 
(bearbeitet) 

 

680°C, 7h, 900°C, 
16h, Wasser, 
210°C, 640°C, 
14h, Luft 

1. Aufwärmen auf 
1220°C, 1. 
Verschmieden bei 
1120 – 900°C auf 
1400x1590x7290, 
2. Aufwärmen auf 
1220°C, 
Fertigschmieden 
bei 1050 – 740°C 
auf 
800x1380x14700 

Hammerwerks-
glühung 

650°C, 870°C, 
470°C, 650°C, 
860-880°C, 
580°C, 
Luftabkühlung 

Vorschmieden bei 
1250°C, RT, 

Schmieden bei 1250°C-
ca. 1100°C, 1. Wbh ca. 
800°C-1000°, RT, 
Härten und 
Abschrecken 860-
900°C, Wasser, 
Vergütung 650-685°C, 
Ofen/Luft 

Typ Flanschring Dampferzeuger-
rohrboden 

Bramme Zylinderschuss 

Abmessungen Di=5740 mm, Wd=770 mm H=880 mm, 
D=3647 mm 

L=14700 mm, B = 
800 mm, H= 1380 
mm 

Di=3988 mm, plattiert 
>3,2 mm 

 Zerlegt in 12 Blöcke a 1500 mm 

KS 02 A, Einfluss des 
Verformungsgrades, Rundzugpr. 
D=100 mm 

KS 02 BA umgeschmiedet 
KS 02 BB Basisuntersuchungen 
KS 02 M Zähbruchmechanik 
KS 02 C eine Hälfte vergütet 
KS 02 E unterschiedlich 
umgeschmiedet 
KS 02 H Bohrkern 11 und 
Einschweißteil für ZB1 
KS 02 K Großzugprobe und 
umgeschmiedet für SV 
KS 02 L Bohrkern 12 
„Henkelprobe“ 
KS 02 G umgeschmiedet für FV 
Langzeitverhalten 

Zerlegt in 16 
Teilstücke 

2 Stutzen für 
Großbehälter 
RS245  

1 Stutzen für 
Zwischenbehälter 
ZB2 

2 Großproben 
ungeseigert 

1 Großprobe 
geseigert 

Zerlegt in 2 
Hälften und ein 
300 mm breites 
Mittelstück 

 

 



 

Table 5 :  Mechanical-technological investigations  
 

KS02 KS04 KS07 C 

Block KS 02 BB ungeseigert: 

 Zugversuche -100°C, 
20°C, 280°C, 350°C  

 KV-T-Kurven  

 Block KS02BB 
geseigert: 

 Zugversuche 20°C, 
280°C, 350°C 

 KV-T-Kurven 

Versuche mit Proben aus 
weiteren Teilblöcken: 

 KV-T-Kurven 

 Bruchmechanik 

 Bestrahlungseinfluss 

 Schweißen 

Block KS 04 AAB und BAB 

 Großzugproben 
ungeseigert 

Block KS 04 BCB 

 Großzugprobe 
geseigert 

Block KS 04 AAA  

 Kleinproben 

Block KS 04 AC 

 Analysen, Schliffe, 
Kleinstproben 

 KV-T-Kurven 

 Zugversuche -100°C, 
20°C, 280°C, 350°C 

 Bruchmechanik 

Zugversuche bei RT 

KV-T-Kurven 

3 Flachzugproben 

3 Rundzugproben 
D=100 mm statisch  

3 Rundzugproben 
D = 100 mm zyklisch 

 

 

 



 

Figure 1 :  Range of toughness and flaw state of FKS materials  

 

   

Figure 2 :  Left: manufacturing of RPV shell,   
 Right: ingot and segregations, acc. to [14] [16]  

 



 

 

Figure 3 :  RPV flange ring KS02  

 

 

 

 

Figure 4 :  RPV ring (KS02) drill core #11, macro and micro cracks  



 

 

Figure 5 :  Left: MPA pressure vessel (900 MWe BWR)  
 Right: Embedded segments of flange rings KS02  

 

 

Figure 6 :  Tensile test specimen KS07C in the frame of the FKS research program  



 

 

Figure 7 :  Path of fracture surface along the macro and micro cracks  
 of tensile specimen KS07 CBC ACB  

 

 

Figure 8 :  Ultrasonic inspection during manufacturing; final inspection requirements 
according to AVS13 (left) and ASME (right)  
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Abstract 

Some laboratories performed fatigue tests in dissolved oxygen water at elevated temperature 

to better understand the influence of a long hold-time within cyclic loading. Also, the 

combined effect of complex waveform and surface finish was examined. The data show a 

less severe influence compared to the prediction model from Argonne National Laboratory; 

an increase in fatigue life was noticed and attributed to different effects. To evaluate an 

operational load history with this experimental data an algorithm is developed, which finds 

hold-times and the examined complex waveform in a stress-time series. All those cycles, 

which are either geometrically comparable to the complex loading signal or containing a hold 

period, are evaluated with the test results and not with the formula from Argonne National 

Laboratory. The reduction of the cumulative usage factor is calculated. Based on this 

discussion a realistic test condition is derived for further research activities. 

1 Introduction 

Pressure boundary components of power plants are in contact with dissolved oxygen water 

at elevated temperatures. The negative effects of the water environment on the fatigue life 

are explicitly addressed by, for example, environmental fatigue penalty factors (Fen) 

developed by Argonne National Laboratory (ANL) [1]. For each of the four steel types 

(carbon steel, low-alloy steel, austenitic stainless steel (SS), Ni-Cr-Fe alloys) formulas were 

developed, which are updated from time to time based on new test data and findings [2]. 

Currently, the largest Environmentally Assisted Fatigue (EAF) data base worldwide for 

austenitic SS was built up by ANL and includes around 600 data points for six types of 

wrought and cast SS and 26 different heats. Triangular and trapezoidal waveforms with 

constant strain rate and temperature were used in the fatigue tests. However these 

parameters (strain rate and temperature) vary extremely in operation and a direct 

comparison between laboratory specimens and components is difficult – the therefore 

developed Simplified and Detailed Strain Rate Methods [3] are still under discussion [4, 5]. 

The ANL model takes a few parameters into account in detail (temperature, strain rate, 

dissolved oxygen content, strain amplitude), some of the parameters are considered only in 

general (size effect, surface finish, loading history, material variability and data scatter), and 

some are neglected (long hold periods, ph-value …). For a more realistic fatigue evaluation, 

the effect of long hold-times and the combined effect of complex loading signal and surface 

finish is included in the fatigue analysis, a software module is developed to find the realistic 

waveform used in the fatigue tests, and a example calculation is done for a class one 

component loaded with a one year transient.  

2 Realistic waveform used in fatigue tests 

In addition to the general test procedure (trapezoidal waveform, constant strain rate and 

temperature) some laboratories developed modified test techniques to gain new findings or 

to describe the local elastic-plastic behavior of a component more realistically. A 

comprehensive summary and evaluation of the performed fatigue tests on air and in medium, 

like the U-bend or stepped pipe test, can be found in [2, 12]. The briefly described test 

procedures in the following are selected in this study to examine the conservatism in the 

fatigue analysis of operational loading. 



Low cycle fatigue (LCF) tests in pressurized water reactor (PWR) environment were 

performed with a complex loading signal, which is similar to the loading of a typical thermal 

transient. The used waveform represents a cold thermal shock followed subsequently by a 

hot one and varies in strain rate between 0.06 and 0.0001%/s (Figure 1, left). Round 304L 

stainless steel specimens were tested with low and high amplitudes under strain control with 

fully reversed loading at 300°C. The experimental Fen factor, which is defined as the ratio of 

life in air at room temperature to that in water at service temperature, is much lower than the 

theoretical Fen factor of 5.9 according to the ANL formula [1], see Table 1. Also, the influence 

of surface finish effects is less severe as it is stated in the ANL report. Nearly all of the ANL 

tests are done with a triangle or trapezoidal test signals with a tension strain rate of +0.4%/s 

and one of the following compression strain rates: -0.0004, -0.004, -0.005, -0.01, -0.04, 

-0.05, -0.4, or -0.5%/s. Two of the ANL test signals are also plotted in Figure 1 to illustrate 

the difference in frequency and waveform compared to the complex loading signal. 

 

Figure 1: Comparison of test signals: Complex loading signal with 840seconds/cycle 
according to [8] (left) and ANL test signals. 

Table 1: LCF test results for the complex waveform, according to [7]. 

 

εa = ±0.3% 

Fen, ANL ≈ 5.9 
ANL surface effect ≈ 2.0 – 3.5 

εa = ±0.6% 

Fen, ANL ≈ 5.9 
ANL surface effect ≈ 2.0 – 3.5 

Polished 
N25,experiment ≈ 8564 
Fen, experiment ≈ 3.2 

N25,experiment ≈ 1762 
Fen, experiment ≈ 2.5 

Ground 
N25,experiment ≈ 7330 
Fen, experiment ≈ 3.7 

Experimental surface effect ≈ 1.2 

N25,experiment ≈ 930 
Fen, experiment ≈ 4.7 

Experimental surface effect ≈ 1.9 

It is known, that the effects of the water environment on the specimen life occur primarily 

during the tensile-loading cycle, and that short hold periods at peak tensile or compressive 

strain show little or no influence on fatigue life of SS [1]. But, long hold-times at constant 

loading occur in plant components during hot standby. The effect of such hold periods on the 

fatigue life of steel type 1.4550 (AISI 347 SS) is tested with a trapezoidal waveform, which is 

interrupted by two hold-times at a cumulative usage factor CUF = 0.3 and CUF = 0.7 [10]. 

The corresponding CUF of 1.0 refers to fatigue tests, which are performed in advance under 

the same conditions like the hold-time tests but, of course, without the hold period. To 

simulate the hot standby the specimens were heat treated for 30 days at 290°C, see Figure 

2. Exactly the same tests with a hold period of 3 days were performed in another study. In 

both test procedures, the life of the lab specimens did increase by a factor of 2. The ascent in 
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fatigue life may be attributed to long term effects like recovery effects or the formation of 

stable oxide films. 

 
Figure 2: Loading signal with long hold times, according to [10]. 

This positive effect is confirmed by crack growth tests on pre-cracked 1T-CT specimen in 

oxygenated high-temperature water at 240°C, each test was interrupted a couple of times by 

hold-times of 3 and 30 days; a significant decrease of crack growth rate is measured for SS 

(Mat.-No. 1.4550) and low-alloy steel as well [11]. 

3 Fatigue evaluation of a typical operational loading 

To evaluate the conservatism in the current fatigue evaluation a fatigue analysis is performed 

in the first step and used as reference later on. The fatigue analysis is in accordance to the 

recommendations of the ASME code [13]. For a SS class one component, the temperature is 

measured at the outside for approximately one year and the corresponding linearized and 

total stress-components at the inside of the component are determined based on a elastic 

calculation. The herein used components’ geometry of a nozzle is fictitious to avoid a direct 

linking to a real plant. 

 

 

 

 

 

Figure 3: Identified cycles in operational loading. 
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The Rainflow cycle counting is used to identify closed hysteresis loops (cycles) and unclosed 

loops (residuum); the later one form artificial cycles by applying the Extreme Value method. 

The two counting methods use the calculated stress time history and perform the counting 

for each stress component. The stress component with its cycles leading to maximum 

cumulative usage factors on air is considered in the fatigue calculation. For illustration, one of 

the stress components is plotted over time, and a unique color is assigned to each cycle and 

its corresponding load steps (Figure 3). This assignment allows to plot every cycle as a 

continuous sequence without sub-cycles. In this way, the shape of each cycle can be 

evaluated one by one (chapter 4). Each identified cycle is evaluated in accordance with code 

NB-3200 [13] and NUREG/CR 6909 [1]. The Detailed Strain Rate Method [3] is used and the 

guidelines for addressing environmental effects given in [4] are considered, too. 

4 Finding realistic waveforms 

There are two main problems of the current ANL fatigue calculation. First, only triangle or 

trapezoidal test signals with constant parameters like temperature and strain rate were used, 

whereas each operational cycle varies in temperature extremely and is not geometrically 

comparable with a linear waveform. Second, the Modified Strain Rate Method is based only 

on a few fatigue tests, like the strain rate change test and the temperature change test (in-

phase test, out-of-phase test). Since the above described fatigue tests describe the loading 

of a component more realistically, they shall be used for the fatigue evaluation if possible, 

and not the ANL method. To find the above described realistic waveform in a given 

operational load history, every identified cycle is plotted as a continuous sequence first, and 

then checked weather the cycle is comparable to the complex test signal or containing hold-

times. Because of the quantity of cycles, an algorithm is programmed to do this 

automatically. The first part of the software module compares the waveform of each cycle 

with the complex signal and proceeds as described in the following. 

Two kinds of complex signal shapes need to be extracted from the fatigue test procedure 

(Figure 1), because the Rainflow counting outputs opened upwards cycles (Figure 4) and  

opened downwards cycles (Figure 5 and Figure 6). Depending on the shape of each cycle 

one of the two test signals is used for the evaluation of a cycle and scaled in time and 

amplitude, so that it starts at the minimum of a stress cycle and ends at the maximum 

(Scaled Test Signal). 

 Time Ratio = TTest Cycle / Ti , with (Eq. 1) 
TTest Cycle = 800s; Time length from the minimum to the following maximum 

in the stress time history of the Test Cycle (εa = 0.6%) , and 

Ti: Time length from the minimum to the following maximum  

in the stress-time history of cycle i . 

 Stress Ratio = STest Cycle / Si , with (Eq. 2) 
STest Cycle: Stress amplitude of the Test Cycle , and 

Si: Stress amplitude of cycle i . 

An evaluation of all cycles leads to the result, that the Time Ratio is always greater than or 

equal to one (only one exception). Because the Fen factor gets smaller for faster strain rates, 

all cycles (with a Time Ratio ≥1) can be compared with the complex signal. In a second step, 

the Scaled Test Signal is moved in the horizontal direction till fifty percent of the data points 

are on the right and left side (Shifted Test Signal) to average for example sudden jumps in 

the graph (statistical averaging). Even for a good agreement of the data points with the 



Shifted Test Signal (Figure 4) a small discrepancy of the curves is apparent. Therefore, a 

bandwidth criterion is applied (Offset), which wraps the data points with two curves: 

Offset +10% and Offset -10%. ‘10’ represents a User Defined Value (UDV). For illustration 10 

percent is used here. The graph “Offset -10%” is obtained in two steps. The first shift in the 

positive x-direction is 

 Lx = UDV ∙ TTest-Cycle , and (Eq. 3) 

the shift in the positive y-direction is 

 Ly = UDV ∙ Si . (Eq. 4) 

The positive Offset curve is moved in the negative x- and y-direction. Especially for a small 

UDV not all data points lie between the two Offset curves even if a cycle is geometrically 

comparable with the test signal due to engineering judgment, see Figure 6. Therefore a 

certain percentage (Overlap) of data points is allowed to overlap the Offset graphs – this 

value is defined by the user, too. If both criterions are satisfied, the cycle is evaluated based 

on the fatigue tests otherwise the ANL formula is used. 

 
Figure 4: Selected cycle shows good agreement with complex test signal. 

 

 
Figure 5: Selected cycle is not comparable with complex test signal. 
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Figure 6: Algorithm permits small overlaps. 

Hold-times occur at relatively constant loading; the stress/strain value is not constant and 

fluctuates a little over time. A criterion needs to be defined, which can identify hold periods in 

a given load history. Here, a rectangle (Search Box) is used with the user defined 

dimensions (length x height). The length represents the hold-time (HT), which is used in the 

fatigue tests, and the height covers the fluctuation (Bandwidth BW) of the loading as well as 

sub-cycles. A search algorithm is implemented into the Rainflow HCM [14] to identify hold 

periods in parallel to the cycle counting. 

 

Figure 7: Identification of hold-times via search box. 

If a segment of a load history is smaller or equal to the height and greater or equal to the 

length of the predefined rectangle, than a hold-time is detected. If a hold-period is larger than 

the user defined one, the search box is enlarged automatically till either the bandwidth 

criterion is not fulfilled any more or the end of the cycle is reached. Of course, the starting 

point of a hold-time belongs to the corresponding cycle and the endpoint of the search box 

can lie in a sub-cycle of this cycle; the last reversal point of a cycle is the last possible 

endpoint of the search box. As Figure 7 shows, detached hold-times can lie on top of each 

other. Therefore a selection is done afterwards in the following way: 

a) Excluding hold-periods with a stress range smaller or equal to the fatigue strength. 

For SS it is 93.7MPa [1]. 
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b) A parameter study with different BW and HT values is done and summarized in Table 

2 (Figure 8). Long hold periods are only found in small cycles, for example the 

allowed number of cycles is 2E+5 for a cycle with a stress amplitude of 168MPa 

according to the new ANL curve [1]. Since the small cycle with the hold-time is a sub-

cycle of a bigger one, the hold-time is assigned to a larger cycle in a second step. 

Table 2: Parameter study. 

  HT [d] 

  1 3 10 30 100 

B
W

 [
M

P
a

] 

10 
9 | 29.7 | 348 

161 | 58.7 | 328 

8 | 33.3 | 347 

154 | 65.8 | 328 

6 | 42.6 | 347 

159 | 85.9 | 328 

4 | 56.1 | 347 

165 | 120 | 328 

1 | 105 | 347 

136 | 105 | 330 

25 
9 | 29.0 | 347 

161 | 58.7 | 328 

8 | 32.5 | 347 

154 | 65.8 | 328 

6 | 41.8 | 347 

159 | 85.9 | 328 

4 | 54.9 | 347 

165 | 120 | 328 

1 | 100 | 347 

136 | 105 | 330 

50 
9 | 33.9 | 345 

161 | 58.7 | 328 

8 | 38.0 | 346 

153 | 65.8 | 328 

6 | 48.8 | 346 

159 | 85.9 | 328 

4 | 65.4 | 346 

165 | 120 | 328 

1 | 100 | 347 

136 | 105 | 330 

93 
9 | 34.5 | 345 

161 | 58.7 | 328 

8 | 38.6 | 345 

154 | 65.8 | 328 

6 | 49.6 | 345 

159 | 85.9 | 328 

4 | 66.6 | 345 

165 | 120 | 328 

1 | 105 | 345 

136 | 105 | 330 

  

Info hold-time: 

Number of hold-times [-] | Ø-Time [d] | Ø-Temperature (0.75·Tmax + 0.25·Tmin) [°C] 

Info corresponding cycle: 

Ø-Amplitude [MPa] | Ø-Time [d] | Ø-Temperature (0.75·Tmax + 0.25·Tmin) [°C] 

 

 

 

 

Figure 8: Identified hold-times in operational loading. 

5 Modified fatigue evaluation 

Now, the calculated stresses from the above performed fatigue evaluation (Chapter 3) are 

used and the two developed algorithms are applied successively. It is assumed, that the 

beneficial effects of hold-times and complex signal shape may be used for all austenitic SS 

types and grades. All those cycles, which are either geometrically comparable to the complex 

loading signal or containing hold periods, are not evaluated with the ANL method but with the 

test results found in literature. 
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Because the existing data in air or PWR medium are inadequate to establish the functional 

form for the dependence of life on hold-times, some assumptions are made: Limited data 

indicate that long hold periods at relatively constant loading increase the fatigue life due to 

recovery effects or the formation of stable oxide films. In air, a factor of 2 is stated. In PWR 

medium crack growth tests containing hold-times of 3 and 30 days confirmed this factor. 

Furthermore, the hold-time is assigned to the larger cycle and the allowable number of the 

cycles is doubled (of the larger cycle) independently of the stress amplitude. 

For the fatigue evaluation the following parameters are used: UDV=10%, Overlap=2%, 

HT=3d, and BW=25MPa. The selected UDV and the Overlap value define a small bandwidth 

– based on engineering judgment higher values could have also been chosen. The modified 

calculation leads to a CUF, which is 38% lower than the CUF being calculated in chapter 3 

(reference calculation). 

6 Conclusion 

The complex loading signal can be found many times in operational load history. Not only 

cycles with small strain amplitudes are identified but also large ones. Hold-time tests, which 

are also roughened and performed with the complex waveform, could lead to an even higher 

reduction in the CUF, because of the positive effects of surface finish and realistic loading 

signal and hold period. To better understand the material-mechanical processes during and 

after hold periods, fatigue tests on air and in medium are necessary in the first place, which 

are not superimposed by other effects. Tests on smooth specimen which vary in strain 

amplitude and temperature could be a good start. The following can be derived from the 

parameter study: 

a) A hold-time, which is characterized by a time length of 3 days (10 days) and a small 

fluctuation of stress amplitude, like for example BW=25MPa, can be found 8 times (6 

times). 

b) The hold period occurs always at the highest temperature, whereas the temperature 

varies during cyclic loading. So different temperatures should be used in hold-time 

tests. During the hold period a constant temperature of round about 300°C might be 

used. For the cyclic loading, the mean temperature (0,75·Tmax + 0,25·Tmin) decreases 

for larger cycles (strain amplitude). Therefore a relatively high mean temperature 

(330°C) can be found in Table 2. If the cycle is assigned to a larger one, a mean 

temperature of 250°C is more realistic. 
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Abstract 

By 2050, renewable energy is planned to provide at least 80% of the gross electricity 
production in Germany as a political target. However, major renewable sources of electricity, 
such as photovoltaic and wind are unavailable during extended periods of time and can be 
located far away from consumers. Flexible, large-scale and low-loss storage installations will 
be needed to regulate and compensate the challenging renewable power generation. For this 
purpose, chemical storage of renewable electricity could be an interesting option for long-
time storage. 

In the presented storage system, liquid hydrocarbons are used to store renewable energy. In 
times of abundant generation of power from solar and wind energy, a share of the generated 
electricity is converted into hydrogen and oxygen by electrolysis of water. This hydrogen is 
then converted together with synthesis gas from biomass gasification and CO2 via Fischer-
Tropsch synthesis into liquid hydrocarbons. Liquid hydrocarbons have a wide spectrum of 
applications and contrary to hydrogen or methane storage, they do not need special 
transport and storage infrastructures. Finally, during times of low renewable power 
generation, they can be converted back into electricity 

1 Introduction and Motivation 

The German Federal government’s ‛Energy Concept’ [1] of 28 September 2010 and the 
subsequent energy laws of summer 2011 presented a long-term political timetable for climate 
protection and the transformation of the energy supply in Germany [the “Energiewende”]. It 
calls for emissions of greenhouse gases in Germany to be reduced by 80% to 95% from the 
1990 level by the year 2050. For energy-related CO2 emissions alone, this target requires a 
reduction of at least 85%, aiming in the final result at a power supply that is almost emission-
free [2]. A transformation of the power supply to renewable sources of energy, accompanied 
by a substantial increase in energy efficiency, is the appropriate strategy for this. The 
challenges presented by this transformation of the power system are considerable, and their 
full extent has not yet been grasped. 

One of the main challenges for the achievement of high renewable energy shares in the 
electricity supply is the time-matching between power generation and demand. In fact, the 
electricity production patterns of photovoltaic and wind power are characterized by large 
fluctuations. The electricity network partly mitigates this problem, as it introduces flexibility 
into the system. Local surpluses from fluctuating renewable energy can be transported to 
locations with high power demand. However, electricity transport through the grid is limited 
by the power transmission capacity. Large amounts of electricity surplus will require 
considerable grid expansion. Thereby not only technical, but also social aspects have to be 
considered (e.g. acceptance problems). In addition or in alternative to this solution, electricity 
surpluses can be transitorily stored, before they are fed into the power network at times of 
low renewable power generation. 

For these reasons, balancing power and storage technologies will play a key role in the 
future electricity supply systems. Currently, beside fossil power plants, pumped hydropower 
and bioenergy mainly serve this function. The potential of these two options is rather limited 
[2]. However, large-scale, long-time and flexible capacities will be required in the future in 
order to compensate the power generation from fluctuating renewable energies. Chemical 
storage of renewable energy could be an interesting option. Among different possibilities, the 
use of liquid hydrocarbons presents several advantages, such as highest energy density, 
transportability and relatively effortless integration into existing infrastructures. 



2 Process description 

2.1 Overview on production paths for synthetic liquid hydrocarbons 

There exists a wide spectrum of processes paths and applications for synthetic 
hydrocarbons. Figure 1 presents a general overview of these paths. 
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Figure 1: Overview of hydrocarbons production paths (Source: [3] with own adaptations) 

The main resources for the production of synthetic liquid hydrocarbons are hydrogen, carbon 
sources and renewable energy. Hydrogen can be produced from electrolysis (EL), which 
requires pure water as raw source, and electrical power (around 4.5 kWh/Nm³ H2 for alkaline 
EL), whereas it is supposed that electricity is provided continuously through the electrical 
network. Alternatively, the electrolysis can be directly coupled with renewable power 
generation (e.g. a wind farm). In this case, the electrolysis is run according to the fluctuating 
electricity generation. Part load behavior, start-up losses and higher investment cost should 
be taken into account. Additional H2-storage is also required, as the downstream conversion 
do not allow for operation transients. Hydrogen can also be generated from biomass 
gasification. Within this thermo-chemical process, a mix of gases such as H2, CO, CO2, (so-
called syngas), H2O, methane and minor shares of hydrocarbons, tars and ashes [4] are 
produced from biomass.  

As carbon source biomass or CO2-rich flue gas from industries (e.g. cement industry) and - 
as a transition solution - from fossil power plants can be used. There exist various types of 
production paths for synthetic hydrocarbons including different conversion steps like for 
example fermentation, gasification, Fischer-Tropsch (FT) synthesis and extractive processes. 
While the FT process requires large economies of scale and complex layout, as an attractive 
alternative, small-scale biofuel plants can also be constructed. In addition, the latter are 
characterized by a more simple design. These reasons are responsible for the current 
market predominance of ethanol and plant oil [5]. A further differentiation of synthetic liquid 
hydrocarbons can be made with regard to the product utilization. In principle, following 
applications are possible: 

 Reconversion to electricity (cogeneration and short-term load coverage) 

 Fuel for transportation (especially for heavy duty vehicles and aviation) 

 Fuel for heating (especially medium to high temperature process heating) 

 Chemical products.  



For each of these purposes a competition exists with conventional production routes. The 
complex and expensive processes, which are required for the production of synthetic liquid 
hydrocarbons, indicate that the most attractive market niches for these products will firstly be 
applications with high prices, low competition or where few alternative solutions will be 
available. This could be the case for the transport sector - in particular for air vehicles and 
long-distance trucks. However, most of the solutions available on the market in the 
transportation sector are the so-called first-generation biofuels (plant oil, biodiesel, and 
bioethanol). The main barriers for the further introduction of these types of biofuels are a 
number of concurrences e.g. for land, water and food [6] which lead to negative economics 
and negative environmental effects as well. On the contrary, second-generation biofuels 
base on lignocellulose feedstock are therefore less prone to these problems. A possibility 
would also be the utilization of FT products in the chemical industry, because the selling 
price of chemical products can be much higher than that of fuels [7]. Another potential 
interesting option is the use of synthetic liquid hydrocarbons for back-up in electricity systems 
characterized by very high shares of renewable energy (e.g. > 90 % of the annual power 
supply). In this respect, smaller localized system such as combined heat and power stations 
(micro gas turbine based systems) are an intriguing option that is being investigated. 

2.2 Liquid hydrocarbons for energy storage 

In the presented storage system, liquid hydrocarbons are used to store renewable energy. In 
comparison to other storage systems, liquid hydrocarbons are well suited for seasonal 
storage applications as they are practically free of losses and have a high energy density by 
mass and by volume. To produce liquid hydrocarbons from renewable electricity a process 
with multiple steps is needed which is shown in figure 2. In times of abundant generation of 
power from solar and wind energy, a share of the generated electricity is converted into 
hydrogen and oxygen by electrolysis of water. As a carbon source for liquid hydrocarbons 
production synthesis gas from biomass gasification and CO2 from flue gases is used. For 
gasification a wide variety of biomass such as wood, straw and different biogenic residues 
can be utilized. The oxygen produced by the electrolysis step is used for heat supply in the 
biomass gasification process. As electrolysis is running according to fluctuating power 
generation and gasification and FT synthesis are continuous processes a hydrogen and 
oxygen storage is required. The hydrogen is then converted together with the synthesis gas 
and CO2 via Fischer-Tropsch synthesis into liquid hydrocarbons. By the FT process a wide 
share of hydrocarbon from Methane to longer hydrocarbons (wax) is produced. These liquid 
hydrocarbons have a wide spectrum of possible applications and contrary to hydrogen or 
methane storage they do not need special transport and storage infrastructures. Moreover, in 
contrast to other storage options, they can be optimized over a wide range of certain 
characteristics starting from efficient long term storage up to ecological as well as 
economical usages. Finally, during times of low renewable power generation, they can be 
converted back into electricity or can be used directly as a renewable fuel additive in the 
transport sector. 
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Figure 2: Principle of the liquid hydrocarbons storage system 

2.3 Biomass gasification 

As a consequence of growing scarcity and competition arising from multiple uses of certain 
biomasses (e.g. wood), other biogenic residues are now moving more into the focus for 
gasification. Therefore, in first step suitable biogenic residues for biomass gasification have 
to be found. These biogenic residues must be both available in relevant quantities and have 
to be suitable for gasification process. Figure 3 shows the potential of biogenic residues in 
the year 2020 in Germany evaluated by two extensive studies. In both studies different kind 
of biogenic residues are considered. However, both predict a great technical fuel potential for 
straw, manure and wood for future energy production. 
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Figure 3: Potential of biogenic residues in Germany in 2020 [8] 



Fluidized bed gasification is a promising process for conversion of biomass into synthesis 
gas. It is characterized by high flexibility regarding the usable biomass and high efficiency 
because all components of the biomass (even lignin) can be converted. Nevertheless, there 
are chemical elements and compounds in the biomass feedstock, which can affect the 
fluidized bed gasification process:  

 The alkali content (K and Na) which has a strong influence on the reactivity of the 
biomass and on the melting of the ash. This can lead to agglomeration problems [9]. 

 The nitrogen, sulphur- and chlorine content, which is transformed in the gasification 
zone to NH3, H2S, COS and HCl. 

 The volatiles and fixed carbon content, which influences the fuel conversion rate. 

 Shape and size of particles. 

 The moisture content which has an influence on the efficiency of the gasification 
process [9]. 

The above mentioned influences make the gasification of biogenic residues like straw which 
has high alkali content and manure which contains over 50% of water especially challenging 
for future gasification investigation. 
 
Before gasification, a pre-treatment of the feedstock is required. The most important pre-
treatment step is the drying of the biomass. In this step the moisture content is reduced to 
10-15 % to avoid problems in the feeding system and tar formation. Drying requires a 
significant amount of energy. For the investigated concept steam drying is preferable 
because it can use steam produced by the FT process. Depending on the feedstock, a 
screening or a size reduction could also be required.  
 
Generally fuel supply is considered as the limiting factor for the scale of gasification in 
Germany. Nevertheless gasification in a scale from 10 MW up to a maximum of 100 MW [10] 
seems feasible. In small scale atmospheric fluidized bed gasification units have economic 
advantages compared to pressurized gasifiers [11]. Due to the fact that nitrogen dilution 
would strongly increase downstream equipment size and costs [4] autothermal steam/oxygen 
gasification and allothermal steam gasification (with and without limestone) in an 
atmospheric fluidized bed are investigated within this concept (figure 4). These processes 
allow the production of a nitrogen free synthetic gas with a high hydrogen concentration. In 
autothermal steam/oxygen gasification the necessary heat for the gasification process is 
provided within the gasifier by partial oxidation. Normally an air separation unit is needed to 
provide the oxygen which is especially at small scales relatively expensive. Within this 
concept the oxygen produced by the electrolysis step can be used for the steam/oxygen 
gasification. 
In allothermal steam gasification of biomass in a dual fluidized bed (DFB), the required heat 
for the gasification process is provided by circulation of hot bed material from a combustion 
reactor into the gasification reactor. If a higher hydrogen concentration is needed the dual 
fluidized bed process can be improved by using a bed material that not only works as a heat 
carrier but also influences the syngas composition. The so called sorption enhanced 
reforming (SER) process achieves hydrogen concentrations up to 75 vol.-%(dry based) by using 
CaO for in-situ CO2 capture in the gasification zone [12],[13]. However, due to the 
thermodynamic boundary conditions from the CO2/CaO equilibrium for CO2 capture, the 
gasification temperature has to be kept between 650 and 725 °C [14]. This relatively low 
gasification temperature restricts the biomass conversion, however, biogenic residues with a 
low ash melting point can be used. In addition, the use of limestone has a positive influence 
on the melting of the ash, therefore the SER process increases the flexibility for using 
different kinds of biogenic feedstock. 
In the combustion reactor unreacted char and additional biomass are combusted under air 
conditions to provide the necessary heat for the endothermic gasification. Within this concept 
it is possible to use oxygen from the electrolysis step instead of air in the combustion reactor. 
By oxy-fuel combustion a CO2 rich flue gas is produced which can be used for the Fischer-



Tropsch synthesis after the gas cleaning. In this way it is possible to provide the maximum 
amount of carbon from biomass for the FT synthesis.   
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Figure 4: Scheme of the gasification processes 

Table 1 gives an overview of the gasification processes and the range of syngas 
composition. 

Table 1: Gas composition of different gasification processes for gasification of wood 

 SER with CaO-bed 

[12] 

Steam gasification 

with CaO-bed [15] 

H2O/O2 

with sand bed [16] 

Tgasifier in °C 650-725 800-850 800-860 

H
2 
in vol.-%db* 65 - 75 45 - 55 13 - 29 

CO in vol.-% db 6 - 13 16 - 25 30 - 50 

CO
2 in vol.-%db 4 - 15 20 - 25 15 - 37 

CH
4 in vol.-%db 5 - 12 6 - 8 5 – 7.5 

C
x
H

y 
in vol.-%db 3 - 5 1 - 3 2.3 – 3.8 

Lower heating value in 

MJ/m³STP 

14-13 10-13 11-16 

Cold gas efficiency in % 66 [17] 72 [18] 73 [19] 

*db = dry based 

 
Beside the components shown above the syngas from gasification contains different kinds of 
contaminants like particles, tars, alkali compounds, H2S, HCl, NH3, and HCN. These 
contaminants can lower the activity of the FT catalyst and sulphur is a poison that can 
irreversibly damage the cobalt and iron catalysts used in the FT synthesis. Therefore, the 
tolerance of FT is low and an extensive gas cleaning is required. Specifications for FT 
synthesis and typical syngas contaminants for atmospheric fluidized bed gasification are 
given in table 2. After the atmospheric gasification a subsequent compression for FT 
synthesis is required, therefore the gas has to be cooled down. Since the gas has to be 
cooled down for compression wet low temperature gas cleaning is favorable for this concept 
[20]. As tar contains a lot of potential CO and H2, thermal or catalytic tar cracking before the 
gas cooling might also be an interesting option.  



 

Table 2:  Syngas contaminants for fluidized bed gasification of wood and requirements for FT 
synthesis 

contaminant syngas [21] cleaning requirements 

for FT in ppb [4]; [11] 

possible cleaning step [4] 

ash/particles in 

g/m³STP** 

1-100  0 cyclone, bag filters/scrubber 

tars in g/m³STP 1-20  Below dew point at FT 

pressure 

oil based scrubber, catalytic 

or thermal tar cracking 

alkalis  in mg/ 

m³STP 

0.5-5 <10 sorbents 

Cl (HCL) in ppmv < 10  <10 CuO 

S (H2S + COS) in 

ppmv 

50-100  <10 activated char, charcoal, 

ZnO 

NH3, HCN in ppmv 315-930  20 selective oxidation 

** STP = Standard Temperature and Pressure (273.15 K , 1013hPa) 

2.4 Fischer-Tropsch synthesis 

The Fischer-Tropsch (FT) synthesis is used to convert the mixed syngas from gasification, 
electrolysis H2 and CO2 separation into liquid hydrocarbons. Fischer-Tropsch technology is 
known for a long time and was first used to produce liquid hydrocarbon fuels from syngas 
derived from coal [22], [23]. Nowadays, the process is operated commercially at Sasol, South 
Africa (from coal-derived syngas) and Shell, Malaysia (from natural gas-derived syngas). In 
recent years Fischer-Tropsch synthesis from biomass derived syngas has received growing 
attention, especially as a potentially clean and carbon neutral transportation fuel.  

With Fischer-Tropsch synthesis gas containing hydrogen and carbon monoxide is converted 
into hydrocarbon products. These hydrocarbon products are mostly liquid at ambient 
conditions but some are gaseous or solid. In general the FT process consists of three basic 
steps: gas processing to adjust the syngas composition (mainly the H2/CO ratio), the FT 
synthesis and the subsequent product upgrading by hydrocracking.  

Usually, in the gas processing step the H2/CO ratio is adjusted by water-gas-shift reaction or 
methane reforming. In the proposed concept the reverse water gas shift (RWGS) reaction 
takes place in this step. In this heterogeneously catalyzed conversion, CO2 derived from 
biomass gasification process or separation from flue gas is converted at high temperature up 
to 1100°C together with H2 from the electrolysis step into CO and steam.  
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Figure 5: Scheme of FT-synthesis 

The composition of feed gas has an important influence on the FT synthesis: in addition to an 
H2/CO ratio of about 2 the inert gas concentration has to be between 50-60 vol.-% in order to 
control the temperature in the FT reactor. Beside the conversion step the overall concept 
offers two other possibilities to influence the composition of the syngas for the FT: by adding 
H2 and CO2, and by choosing the favored composition of syngas from biomass gasification.  

In the Fischer-Tropsch step the mixed syngas is converted into higher hydrocarbons with the 
help of an iron- or cobalt-based catalyst. In contrast to other FT processes where sometimes 
even a CO2 removal takes place before the synthesis, in this concept CO2 rich syngas is 
synthesized via FT process. The main reactions taking place in the FT synthesis are shown 
in figure 1. Thereby, CH2- is a building stone and can grow with another CH2- group to longer 
hydrocarbons. About 20% of the chemical energy is released as heat during this exothermic 
reaction [24]. 

Products made by the FT synthesis are hydrocarbons of various lengths from Methane to 
longer hydrocarbons (wax) depending on the conditions in the Fischer-Tropsch reactor 
(figure 6). Beside the composition of the feed gas, the reactor itself and the conditions in the 
reactor like pressure and temperature as well as the used catalyst are influencing the product 
of FT. In this concept shorter hydrocarbons are favored. Therefore conditions are chosen to 
enhance production of these shorter hydrocarbons. Particularly the selection of the catalyst is 
an important task in this concept as it has to favor short hydrocarbon and at the same time 
tolerate high CO2 concentration. In one cycle a conversion rate of up to 80% is assumed to 
be possible [11]. But because of removal of reaction heat in a technical scale reactor (tube 
diameter of about 4 cm) only 40 – 50% conversion per pass is realized. To further increase 
the production of FT liquids, the off-gas containing unreacted H2 and CO can be recycled to 
the entrance of the reactor. Alternatively it can be used directly in a gas turbine for electricity 
generation or for combined heat and power purposes. 
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Figure 6: FT-synthesis product distribution (Fe-Cat, 240°C, 30 bar, 1165 kg. s/m³, H2/CO = 2) 

Longer hydrocarbons and waxes require a hydrocracking step for upgrading to the desired 
product. In this last step a catalytic conversion of high-boiling hydrocarbons into branched 
and lower-boiling products in the presence of hydrogen takes place. The conditions 
(temperature and H2 partial pressure) are chosen so that the cracking process predominantly 
fragments the hydrocarbons to a desired range of chain length and the components already 
in the desired range are not undergoing further cracking. Table 3 gives an overview of the 
three steps of the FT-synthesis. 

Table 3: Overview of the FT process steps 

 Reactor type catalyst conditions Conversion efficiency 

RWGS Fixed bed Al2O3, Ni-based p = 25-30 bar 

T > 800°C 

80 - 90 %1 for 
temperatures from  
800 °C up to 1100 °C 

FT-synthesis Fixed bed Fe or Co based p = 30 bar 

H2/CO = 2 
(mol/mol) 

T = 200 – 250°C 

Once through up to 
80% [24] 

In technical scale 40-
50% 

hydrocracking Trickle bed Pt-Zeolith p = 60 – 80 bar; 

T=350°C 

overall carbon 
efficiency of the 
hydrocracking step is 
close to 100% [25] 

1
Due to thermodynamic limitations the conversion depends on the temperature adjusted in the RWGS 

reactor 

2.5 Utilization of the liquid hydrocarbons 

In order to transfer the stored energy back into electricity, a demand oriented and efficient 
power generation from liquid hydrocarbons is essential. Due to their high energy density, 
liquid hydrocarbons are suitable for combustion processes to regain the stored energy. 
Within this project, two options for electricity generation are considered: central high 
efficiency power plants or decentralized systems such as combined heat and power stations 
(e.g. cogeneration based micro gas turbine systems). Important for these processes are the 
combustion properties of the liquid hydrocarbons regarding ecological and economical 



aspects of the energy storage system. For an environmental suitable electricity generation, it 
is also important to reach low emission levels of CO and unburned hydrocarbons and reduce 
NOx formation.  
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Figure 7:Schematic process chart of the utilization of the liquid hydrocarbons 

One main aspect of the investigation is a fuel design process, while the other covers the 
identification of utilization possibilities. Key elements in both aspects are numerical CFD 
prediction tools that shall be developed for identifying efficient and eco-friendly utilization of 
the stored energy.  

In order to develop such versatile tools, an extensive chemical and physical property data 
base, a detailed and finally reduced chemical reaction mechanisms as well as tailored 
experimental setups for validation test cases are required. For developing such high complex 
interaction schemes, nonane C9H20 has been identified as a reference for the fuel design 
scheme within the alliance. Starting from here, the optimization and design process will be in 
close collaboration with the Fisher-Tropsch synthesis as well as possible application 
pathways in order to optimize with regard to ecological and economical aspects. 

For enabling a procedure like that, chemical and physical properties databases are needed. 
Although existing data bases are already quite complex, they are far from complete. This is 
especially the case, when longer alkyl chains and mixtures are considered. Moreover, for the 
usage of CFD tools, chemical mechanisms have to be implemented. The developed of those 
reaction mechanisms features detailed chemistry with thousands of chemical reactions and 
hundreds of species. However, they are too computationally intensive to be included in 
typical CFD codes. To reduce time and cost, the chemical reaction mechanism is 
significantly reduced and finally implemented into the CFD code. In this respect, challenges 
are prominent especially in covering the optimization aspect for the liquid hydrocarbons. Due 
to the complexity of the storage medium with a variety of species spanning over four main 
chemical classifications, n-alkanes and branched alkanes have been chosen for chemical 
model reduction. Therefore, the main characteristics of the fuel are represented by this ideal 



mixture, reducing the complex system to a more generic fuel mixture. The delicate line 
between describing the relevant chemical reactions and limiting the number of needed 
species in the reduction process to be able to handle those complex systems numerically is 
the current goal of the model implementation. 

Another aspect of the fuel design process is the definition of suitable experiments. A simple, 
but well-defined test case for liquid hydrocarbon combustion is needed to validate and 
moreover, improve the models. Within this project, an experimental spray burner is 
developed based on modeler’s demands and allows evaluation of the fuel under investigation 
in comparison to standard fuels. Figure 8 shows the initial tests of the designed spray burner 
for the reference fuel nonane featuring three stoichiometries. 

 

Figure 8: Pictures of the standard spray burner with the reference fuel nonane for 3 
stoichiometries. 

The spray burner is currently under investigation and new techniques in diagnostics are 
applied and improved, such as the laser sheet drop sizing technique. Additionally, flame 
stabilization maps are measured to characterize the flame behavior and gain validation data 
likewise. Last, but not least, exhaust emission measurements are intended and finally 
compared e.g. to standard fuel systems. 

The measured experimental data allows not only first clues in flame and emission 
characteristics in reference to standard fuels, but is essential for the development of the 
CFD-tools as well. Comparisons of the simulated and experimental data will either result in 
agreement, where the model is approved or in discrepancies resulting in model 
improvement. The overall combination of extensive chemical and physical property data 
bases, reduced chemical reaction mechanisms and tailored experimental validation data 
provides the basis for the development of powerful CFD prediction tools. With those tools, 
suitable fuels for particular applications shall be designed. Combustion systems are expected 
to be optimized with regard to low pollutant emissions, while maintaining high efficiency in 
the stored energy recovery.  

However, like all single process steps before (Gasification, FT-Synthesis, …), each individual 
process is in close interaction with global systems analysis and technology. Implementation 
and analysis of the full process chains allows a complete analysis of the full process chain 
from energy generation over storage to final utilization and enables the identification of 
potential demand in future energy mix scenarios. 



3 Summary and conclusion 

The long-term goal for the future energy system is a sustainable and complete energy supply 
by renewable resources. To fulfill this goal innovative energy storage systems are needed 
which are characterized by high energy density, low energy losses, are easily transportable 
and can be optimized for efficient, demand-orientated power recovery. The presented energy 
storage system with liquid hydrocarbons is a highly new and innovative concept in future 
energy mix scenarios. Main characteristics include high volumetric and gravimetric energy 
density, easy transportation, long-term storage options, already working infra-structure and 
efficient, demand oriented use of the stored energy. In the framework of the Helmholtz-
Energie-Allianz “synthetic liquid hydrocarbons“ four Institutes work together to investigate the 
details of the storage concept: the Institute of Combustion and Power Plant Technology 
(University of Stuttgart), the Institute of Technical Thermodynamics (DLR), the Institute of 
Combustion Technology (DLR) and the Chair of chemical engineering (University of 
Bayreuth). Within this project, the whole process chain from fluctuating renewable power 
generation over electrolysis and biomass gasification up the Fischer-Tropsch synthesis and 
the utilization of the liquid hydrocarbons is covered and analyzed. Key element in this 
alliance is the strong and direct interaction between the project partners taking not only the 
single process steps (gasification, FT-sythesis, combustion)  into account, but looking at the 
overall concept from power storage to power generation. With the help of global system 
analysis tools, this process path is placed with respect to existing storage strategies and 
energy demand.   
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Abstract 

Since air flow over the rotor blades is irregular due to gusts, turbulence and inclined flow, 
wind turbines are subject to highly dynamic loads. The design of the drive train significantly 
influences how loads affect individual components. Wind turbine control and regulation also 
have an impact on strain. A targeted, comprehensive investigation of the operational 
behaviour and loads on drive train components is, thus, highly significant for prototype 
validation. 

This presentation focuses on loads affecting the gearbox. The introduction consists of an 
overview of various drive train designs and the measuring points used in AZT investigations. 
Selected measurement results, which illustrate the behaviour of drive trains under high 
dynamic loads, will be demonstrated.  

For more than 20 years, AZT has been investigating damage in the field of wind energy. The 
insights gained by the measurements have contributed significantly to the understanding of 
damage mechanisms. For example, measuring the relative axial and radial movements 
between rotor shaft and gearbox has shown highly dynamic displacements of the rotor shaft, 
which affect the load distribution between gears as well as the tooth contact. Correlations to 
results of damage investigations will be given. 

 

1 Introduction 

Allianz Zentrum für Technik (AZT – a subsidiary of Allianz Risk Consulting GmbH) has 
investigated wind turbine damages since the beginning of the 1990s, with particular focus on 
the mechanical drive train, which is subject to high dynamic stress during operation (cf. [1]). 
In order to obtain further insights into damage mechanisms, we began measuring operational 
behaviour and drive train loads approximately 12 years ago.  

Since then, we have conducted extensive measurements for different wind energy 
converters ranging from 600 kW to 5 MW. The insights gained have contributed significantly 
to our understanding of damage mechanisms. The prototype tests conducted for 
manufacturers by the AZT focus on an analysis and evaluation of component strain and 
dynamic operational behaviour. 

 

2 Various drive train designs and rotor bearing arrangements 

In recent years, in line with the increase in the output of wind energy converters, various new 
drive train designs have been developed that aim to reduce weight or loads. In part, 
manufacturers have attempted to reduce the number of components used. This also applies 
to direct-drive wind energy converter types (without gearbox) that are appearing increasingly 
on the market. 

The investigations discussed below focus on wind converters with gearboxes. The drive train 
arrangements with gearboxes varies widely from separate mounted main components 
(modular, image 1 left) to partly or fully integrated (compact drive trains, image 1 right). In 
parallel, different kinds of rotor bearings are used (cf. [4]). These can be classified as follows: 
separate rotor bearing with one or two main bearings (image 1), three-point rotor suspension 
(image 4) and rotor bearings that are fully integrated into the gearbox (image 1). Apart from 
the total weight of the wind energy converter (e.g. by making do without rotor shafts) the type 
of rotor bearing affects gear strain, especially as the input of transverse forces is concerned. 
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Image 1: Left hand side: Modular drive train with 2 separate rotor bearings (Vestas V-66 [2]),  
Right hand side: Fully integrated drive train with single main bearing (Areva M5000 [3]) 

 

3 Investigation into loads and operational behaviour 

The basic measurement for capturing drive train loads is the torque coming from the rotor 
(T1 in image 2). In addition to the torque, bending moments (B1) are measured at the rotor 
shaft by means of strain gauges. Measuring tooth root strain also provides important 
information on the stress on gear teeth and load distribution. In order to identify and 
categorize operational conditions we use the rotational speed of the rotor and generator 
shaft, as well as a number of operational parameters (such as effective power, wind speed, 
pitch angle, etc.). 

The drive train vibrations causing strain include low frequency vibration components of the 
tower, the rotor shaft and the transmission input shaft, as well as the vibrations of fast 
rotating gear stages and the generator. Depending on the measuring task and the 
corresponding frequency range, we use acceleration, velocity and displacement sensors 
(see Acceleration, Velocity, Displacement in image 2). The relative displacement vibrations 
of gearbox components addressed in this paper were measured by means of eddy current 
sensors. 

In principle, measured values and measuring points vary depending on the questions asked 
in each case. The scope also varies from the measuring points for detecting mechanical 
loads on wind turbine systems described in IEC 61400-13 [5], because these are not 
sufficient for determining gear strain completely. 
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Image 2: Measurement locations used in AZT investigations 

All values are continually measured and recorded inclusive of time data throughout the 
investigation. This way, we ensure that resulting strain is continuously recorded as wind 
conditions change. It is necessary to record time signals over long durations in order to 
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Image 3: Irregular air flow over the 
rotor [5] 

analyze cause and effect relationships. Recording only mean and rms values or classified 
data records (collectives) is not sufficient for analyzing operational behaviour. 

 

4 Dynamic behaviour of wind turbine drive trains 

4.1 High bending loads from the rotor 

In wind converters, powerful transverse forces are 
caused by wind speeds varying at different 
locations across the rotor area (image 3) due to 
gusts, turbulence and wind shear. Variations in 
wind speed and direction across the area covered 
by the three rotor blades, means they generate 
different thrust levels, resulting in considerable 
lateral force and tilting effects on both the drive 
train and the structure. 

Modern wind turbines have a rotor diameter of 
around 120 meters. The area they cover while 
rotating is approximately the same as two football 
fields. With turbines set to grow in size (150 meters 
plus), stress on the rotor blades and the drive train, 
in particular the main bearing and gearbox, is 
increasing. 

In addition, investigations [6, 7] show that 
significant, short-term changes in wind speed occur 
far more often than indicated by current standard 

wind field models. 

 

 

In the example below, we illustrate the impact of transverse forces and bending loads from 
the rotor on the gearbox. 

In wind energy converters with gearboxes of up to around 2.5 MW, the three-point rotor 
suspension, which is a partial integration of the rotor bearing into the gearbox, is a common 
drive train design. The three support points are formed by the main bearing (image 4) and 
the two torque arms are fitted to the sides of the gearbox. In this bearing design, bending 
moments are supported by the gearbox. Transverse forces enter the first planetary stage of 
the gearbox, which can negatively affect both load distribution in the tooth mesh, as well as 
load distribution onto the individual planet gears and their bearings. 

This has been confirmed by AZT damage investigations [8] in gearboxes with three-point 
suspension, where localized excessive strain caused by irregular full-width engagement was 
found to result in initial planetary stage fatigue. 

Measuring the relative axial and radial movements between the rotor shaft and gearbox 
(arrows in image 4) shows highly dynamic displacements of the rotor shaft that prevail for 
significant parts of the measurement period. Image 6 shows an example of the measured 
path of movement described by the rotor shaft relative to the gearbox. 

 

Mean Wind Speed Turbulence 

        Wind shear 
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Image 4:  

Three-point rotor suspension [4] 

 

The dynamic forces originate in the irregular flow over the rotor. At the rotor shaft, this leads 
to bending moments corresponding to several times the bending moment caused only by the 
rotor weight. Image 7 illustrates the bending moment progression detected in a wind 
converter with a three-point suspension. The scale is normalized to the amplitudes of the 
pure rotational bending load resulting from supporting the rotor weight (left-hand side of the 
diagram, idling mode).  

During nominal-load operation, the bending moment can at times reach amplitudes 
corresponding to 2.5 times the rotor weight (right-hand side of the diagram).  

 

  

Image 6: Measured movement path of the rotor shaft relative to the gearbox in a wind converter with 
three-point rotor suspension 

 

The relative movement path between the gearbox (ring gear) and the planetary carrier that 
was measured during the course of this investigation shows that the planetary carrier clearly 
reacts to bending moment changes (circles in image 7). The relative radial and axial 
movements of the planetary carrier affect the load distribution between the planet gears, as 
well as the tooth contact with the ring gear and the sun. 

 

Image 5:  

Fatigue damage in a planetary wheel caused by 
excessive local strain on the tooth root and tooth ends. 
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Image 7: Normalized illustration of bending moments at the rotor shaft (transmission input) of a wind 

converter with a three-point bearing and movements of planetary carriers in the gearbox. 
Left-hand side: idle mode, right-hand side: nominal-load operation 

 

In summary, we can see that the displacements introduced in the first planetary stage cause 
significant local strain, thus explaining untimely fatigue of gears and bearings. The 
pronounced axial momentum of the rotor shaft that we have also found can be explained by 
the relatively large axial clearance of the main bearing manufactured as a spherical roller 
bearing. Depending on the design, the ratio of axial to radial bearing play generally amounts 
to 5 to 8 (cf. [9, 10]). Therefore, the dynamic displacements that can be detected also place a 
significant additional strain on the main bearings. 

An alternative to the three-point rotor suspension represents a separate rotor arrangement. 
Results from a corresponding AZT investigation can be found in [11]. 

 

4.2 Reversing torque during load rejection and braking 

In case of a normal stop at a pitch-controlled wind turbine, the rejection of load causes 
significant reversing torque amplitudes (see image 8). Although this aerodynamic braking by 
turning the blades in feather position is rather mild compared to using the mechanical disc 
brake, the reversing torque oscillations can reach amplitudes of nominal load operation. In 
contrast, a mechanical braking sequence, which is activated for emergency stops, has 
revealed torque oscillations of up to four times the nominal torque. 
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Image 8: Reversing torque during aerodynamic braking 

 

These reversing torque loads cause 
rattling of the gear tooth from load flank 
to back flank. Furthermore, the wheels 
of the helical gear stages shift in axial 
direction within the bearing play due to 
the reversing axial forces.  

Even with small torque oscillations 
measured during speed change of a 
stall regulated turbine (cf. image 9), 
axial vibration peaks at the gear casing 
are indicating that bearings and teeth 
suffer axial shocks when the gear shaft 
is pushed against the dead centre of 
the bearing play. In AZT investigations, 
initial damages of bearings due to axial 
shock loads have been found. 

 

 

4.3 Axial movement of planetary wheels and bearing rings 

The slipping of outer rings of bearings in the bore of planetary wheels is frequently found 
during gearbox disassembly, although measurement of the bearing’s outer diameter and the 
bores of the planet wheels show that the specific press fits have been produced correctly. 
The slipping of the outer rings can be explained by distortion of the planetary ring and micro 
movements of the press fit. Furthermore, abruptly alternating load directions in the bearing 
(cf. 4.2), which leads to sudden loading and unloading of individual rollers, and therefore 
cause peripheral forces on the bearing rings, could cause the slipping.  
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As a consequence, circumferential fretting grooves on the outer diameter of planet wheel 
bearings are found (see image 10). With increasing material removal in the bearing seating, 
consequential damage to the gear tooth cannot be excluded, because of a skewed setting of 
the shaft. 

 

Image 10: Planetary wheel with circumferential grooves on the seat of bearing’s outer ring  

 

In AZT measurements during turbine operation, axial movements of bearing rings and 
planetary wheels have also been observed by measuring the relative displacement between 
the planet carrier and wheel and accordingly bearing’s outer ring. Image 11 shows the 
movement of one planetary wheel toward the rotor side of about 3 mm which occurred during 
six hours of operation. This axial relative movement leads to axial misalignment of inner and 
outer bearing ring. Depending on the specific bearing arrangement this could cause restraint 
and overload of the bearing. More serious damages could occur if the rotating part - wheel or 
bearing ring - collides axially with stationary components. Machining the raceway of the 
bearing directly in the planetary bore and to cut out the outer ring is the only safe method to 
mitigate the micro movement of the bearing’s outer rings. 
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4.4 High tower vibrations 

Due to the high flexibility of blades and tower, the wind turbine structure generally tends to 
vibrate. These vibrations affect the mechanical drive train and may excite coupled vibration 
modes of blades, drive train and tower. High vibrations can especially occur due to control 
issues, inappropriate vibration tuning or rotor unbalance (mechanical and/ or aerodynamical). 
Image 12 shows the tower vibration of a variable speed turbine in axial and transversal 
direction. At high wind speed, the tower’s 1st bending mode dominates the vibration. Due to 
the blade pitch control, which reacts to these oscillations, the blades are pitched with the 
same frequency and this amplifies the tower vibration significantly.  
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Image 12: High tower vibration excited by blade pitch control 

 

In this case the vibration velocity vrms in the frequency range 0.1 Hz to 10 Hz (time averaged 
rms value over 10 minute intervals) has reached in axial direction 126 mm/s rms. According to 
the guideline VDI 3834-1 [12] these vibrations are well above the zone boundary C/D (II/III) 
which is 100 mm/s rms. Vibrations within this zone are normally considered to be of sufficient 
severity to cause damage to the WT and its components. By modification of the pitch 
parameters, the tower oscillation was reduced to an acceptable level. 

 

5 Conclusions 

Irregular air flow over the rotor due to gusts, turbulence and wind shear result in highly 
dynamic loads and transverse forces affecting the drive train. The dynamic load relationships 
were made particularly clear by measuring torque, bending moments, relative displacements 
and absolute vibrations.  

The transmission of external transverse forces onto the gearbox is influenced by the type of 
rotor bearing. For example, with three-point rotor suspension, high bending moments of the 
rotor shaft are transmitted to the planetary carrier bearing of the first gear stage. These 
bending moments can negatively effect the load distribution in the planetary stage. Drive 
train arrangements with separate rotor bearings can help to reduce exterior constraining 
forces acting on gear systems.  
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During stop sequences, the reversing torque oscillations due to load rejection can create 
significant amplitudes. Depending on the bearing clearance, this might result in axial shocks 
on bearings and gears, which can cause initial damages.  

Movement of bearing’s outer rings in planetary wheels is frequently found. Besides 
circumferential movement, axial movement also occurs, which cannot generally be judged as 
harmless. In some cases it has caused gear failures. The only safe method to mitigate the 
micro movement of the bearing’s outer ring is to machine the raceway directly into the 
planetary bore. 

High turbine vibrations mostly take place at high wind conditions when turbines are not 
inspected and therefore remain often undiscovered. By using online vibration monitoring, 
high vibration states could be automatically detected. The data also provides the basis to 
analyze the root cause. Recommendations for measurement and evaluation of broad band 
vibrations are given in [12]. Preferably, an online condition monitoring system complying with 
minimum requirements (cf. [13, 14]) should be installed as standard equipment on wind 
turbines. 

The increasing sizes of turbines and components will create new challenging load conditions. 
Due to this, existing and new drive train designs are likely to show additional failure 
mechanisms. Therefore, it is important to test and validate comprehensively the operational 
behaviour and loads of prototypes.  

Beyond that, in order to identify weak points of main components, prototypes should be 
disassembled and investigated after a representative operational time of one to two years. 
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Abstract 
If substructures of wind turbine structures are realized as a jacket foundation, space between 
tubular steel jacket structure and foundation pile is conventionally filled with grout. In relation 
to grout connections of monopile structures the pile-to-jacket connection is characterized by 
a huge annular space between the foundation pile and the jacket leg. Due to dynamic loads 
on the lattice substructures mainly alternating axial forces and minor horizontal shear forces 
and may lead to cracking of the grout connection. Therefore, high strength grout should be 
used, which has to be mixed and placed in the joint under difficult offshore conditions.  

This article considers special items for the cementitious materials and the offshore execution 
of grouted joints. Requirements of the fresh and hardened properties of grout materials are 
given in different standards and regulars. Due to the problems of huge annular spaces 
between foundation pile and jacket legs investigations were started at MPA University 
Stuttgart, to optimize grout materials for pile-to-jacket connections. Thereby, enhancements 
of the workability and the placement of the fresh grouts under real offshore conditions are 
focused. Beside the aim to enhance the mechanical, physical and chemical properties of the 
hardened grout in respect to the possibly huge annulus in pile-to-jacket connections, 
innovative mixing technologies are developed, to prepare a high quality grout which can be 
used even under extreme conditions on sea. For this a new comprehensive concept of an 
ecological and economic grout production with minimal variations of properties of the grout in 
the fresh and hardened phase will be shown in the following.  

1 Introduction / Motivation 
Monopiles, tripods and jackets are the main foundation concepts for the substructures of 
wind turbine structures. The selection depends on the local soil conditions [1]. Moreover, 
fabrication, installation and operation of the wind turbine structures are relevant for the 
choice and the design of the foundation structure.  

In the last years in some cases vertical slippages have been observed at substructures with 
monopiles using plain steel sections. Due to an increase of the size of piles it is assumed 
that size effects have an impact on the fatigue behavior of the structures. Dynamic loads on 
the lattice substructures (tripods and jackets) cause mainly alternating axial forces and lead 
to cracking of the grout connection [2]. Therefore, high strength mortar (grout) should be 
used. The grout has to be mixed and placed in the joint under difficult offshore conditions [3]. 
Analysis on the structural capacity of grout connections show, that the axial capacity of a 
grout connection is more sensitive to pile diameter and to surface tolerances than accounted 
in actual design standards. 

Jacket foundations, which will be focused here, are secured to seabed by four piles placed in 
a sleeve in each corner. The space between tubular steel jacket structure and foundation pile 
is conventionally filled with grout. In relation to grout connections of monopile structures the 
pile-to-jacket connection is characterized by a huge annular space between the foundation 
pile and the jacket leg. The thickness of annulus ranges between some few millimeters up to 
half a meter, which has to be filled with the cementitious grout. Nowadays the design rules 
are based on grout connections with small annular spaces. Therefore, extrapolation of these 
rules to pile-to-jacket connections with their larger annulus is questionable.  

Investigations were started at MPA University Stuttgart in the last year, to optimize grout 
materials for pile-to-jacket connections. Thereby, enhancements of the workability and the 
placement of the fresh grouts under real offshore conditions are focused. Moreover, the 
mechanical, physical and chemical properties of the hardened grout will be optimized with 
respect to the possibly huge annulus in pile-to-jacket connections. For this compressive 
strength and elastic modulus are the main technical design aspects. On the other hand 
workability and placement of fresh grouts are in the focus of the running activities.  



With a new comprehensive concept an ecological and economic grout production with 
minimal variations of properties of the grout in the fresh and hardened phase is aimed. For 
this, in a first step the mix design procedure is supported by theoretical, numerical and 
experimental analyses. With the help of a powerful software tool relevant rheological 
parameters can be determined, such as yield stress and viscosity. In a second step the 
mixing process itself was optimized. For this a mixing process with a speed-variable drive 
was realized within a cone mixer with adjustable speed and with higher torque and drive 
power. Such a mixer can act as a rotational rheometer. On the basis of all obtained data 
within a third step thixotropy, mix design and mixing regime of the grout will be optimized. In 
the full paper a more detailed description of the new mixing concept and the type of mixers 
used will be given. 

2 Three-stage concept for the development, production and 
quality control of high performance grouts for subsea structures 

Grout Requirements 

The main task of grouting is, to fill all cavities of the pile-to-jacket connection with a suitable 
grout material. A completely filling of cavities is necessary, to ensure a perfect load transfer 
from the wind turbine tower down to the foundation. The long term durability of the grout 
connection depends on the properties of the fresh and the hardened grout material.  

There are some other aspects, which have to be considered by grouting processes. First of 
all the installation of the wind turbine structure should be short as possible in respect to the 
rapid changing of weather conditions on sea. To provide a long workability of the grout 
material it is aimed to realize a long open time for the fresh mortar (more than 4 hours). 
Therefore, excellent flow properties over a wide temperature range are necessary.  

Otherwise, fast setting of the mortar even at low temperatures has to be aspired, to allow a 
practicable handling of grout materials during the complex offshore installation process and 
to make it suitable for use in wide weather windows. At least the grout material should 
provide high inner cohesion to avoid mixing with seawater. 

After inserting the four legs of the jacket foundation into the pre-driven piles, the grout 
material has to be injected into the annulus around each pile and stab-in-leg. For this, mixing 
systems on wind turbine installation ships were used, where all binders are stored in bulk 
pressurised silos or big packs and delivered to a surge tank above the mixer. Water and fluid 
admixtures are given in the mixer, the former through a high pressure jet. The binders and all 
other solid components are given in the mixer through a valve at a fixed rate. Any increase or 
decrease of rheological behavior of the fresh grout has to be assessed, to correct possible 
changes of workability of the fresh grout material. 

After mixing normally the grout is given in a holding tank from where it can be drawn off by a 
pump. Then, on site the grout will be pumped via a flexible hose with a typically rate of 
between 18 to 30 m3 per hour to the jacket foundation. 

Due to the specific demands of wind turbine installation processes specific equipment is 
needed for grouting offshore in a technical- and cost-effective way. Even the mixing 
technology itself has to consider the limited space at the installation vessels. Therefore, there 
is a need in compact mixing systems and pumps. The mixing process itself should be 
automated and controlled by rheological properties of the fresh grout material.  

The hardened grout material has to fulfill the following requirements: 

 high ultimate strength 

 very low shrinkage 



 high resistance to dynamic loads by outstanding fatigue properties  

 high density, low air content 

 low water absorption and no salt penetration 

 

Therefore, when developing new grout materials, a suitable mix design has to be worked out, 
to ensure both excellent workability and high performance after hardening. Beside technical 
properties of the grout the amount of primary energy consumed during mixing, pumping and 
laying the grout is becoming increasingly important in actual discussion. Moreover, the 
outcome of life cycle assessment determines the materials decision, which is dominated by 
the content of Portland Cement Clinker and plasticizer in the mix.  

Based on the current knowledge it is feasible to develop high performance grouts with 
special features such as self-compacting ability, compressive strength significantly above the 
average of standard concrete and a noticeable increased durability.  

For this in comparison to standard concrete, in grout materials the known 4-materials system 
is substituted by a 5- or 6-materials system, characterized by a high content of very fine 
components and a considerably reduced amount of water. Due to their complex mix 
composition high performance concretes like grouts show enhanced requirements 
concerning the mixing process [4]. Conventional mixing systems are able to produce a high 
quality outcome for standard concretes within a short time. In contrast to that, a proper 
prediction of high performance concretes and grouts requires a more intensive input of 
mixing energy in order to deliver a concrete with the desired fresh concrete properties. 
Current research activities at the Department of Construction Materials and at the Materials 
Testing Institute at the University of Stuttgart prove considerable advantages on the 
properties of the fresh grout material due to higher agitator velocity. Moreover, an intensive 
and fast disintegration of all fine particles like cement particles significantly improves 
rheological attributes of the concrete and sustains them over a longer period of time. Actual 
research activities have shown that the usage of a suspension mixer enables a noticeable 
reduction of the mixing time. Simultaneously energy consumption of the complete mixing 
process decreases drastically. 

Implications of the mix composition for the mixing process 

The mixing process can be divided into individual steps of mixing the fine particles and 
coarse aggregates. In the latter step, the mixing tool shifts larger particle clusters in relation 
to each other. According to [5], this process is slowed down considerably by a low water 
content, which results in longer mixing times. During fine mixing, however, low water content 
facilitates the rearrangement of particles as a result of collision in the presence of a high 
packing density. If the mix includes a high amount of fines, the increased number of particles, 
and thus the greater number of required location changes, also results in much longer mixing 
times. Particle agglomerations have an influence on the formation of the microstructure and 
deteriorate the rheological performance of the fresh grout. The process of desagglomeration 
requires a minimum collision intensity that is not achieved by standard mixers. 

Measures to reduce mixing time 

In mixers with horizontal tools, mixing times can be reduced by elevating the tool speed 
whilst disproportionately increasing the drive output. However, the tool speed required for 
extensive desagglomeration is not reached, and the wear on mixing tools and inner liners 
increases. In mixers with vertical tools, an increase in the tool speed would lead to 
segregation of the mix. For this reason, mixers are equipped with so-called vortexes in order 
to increase mixing intensity. These parts move a subset of the mix at a higher tool speed. 
The use of a high-intensity mixer makes it possible to adjust the mixing pattern to the 



composition of the mix. In such a system, a relatively small mixing tool is operated at variable 
speeds and used mainly for fine mixing and desagglomeration. Depending on the design of 
the mixer, coarse mixing and the feed of the material to be mixed to the smaller tool are 
ensured via a rotatable mixing vessel or a so-called „edge-to-edge“ scraper located in the 
mixing vessel. Mixing systems need to be separated when using a suspension mixer, which 
introduces the mixing energy to material sizes smaller than 1 mm in a targeted fashion at 
very high tool speeds, and achieves a very high mixing quality. The only disadvantage of 
such a system is founded in the fact that a second mixer is required to mix in the coarse 
constituents. 

Determining rheological characteristics in the mixer 

The power consumption of the mixer drive is analyzed to determine the end of the mixing 
process of vibrated concretes. If this power consumption shows an asymptotic approximation 
to a final value, the mixing process is terminated because the rheological characteristics of 
the fresh concrete would only change marginally if the mixing process is continued. In 
addition, the power consumption at the end of mixing correlates with the consistency of the 
fresh concrete or grout and thus enables a rheological characterization of the fresh grout in 
the mixer. This method is unsuitable for concretes or grouts with self-compacting properties 
according to [6].Therefore, the rheological characteristics of a self-compacting concrete are 
determined using alternative processes, such as those developed by Consolis or Viscoprobe, 
at several tool speeds or shear rates. The speed/torque value pairs are used in the Bingham 
model for determining the rheological parameters g (yield value) and h (plastic viscosity) in 
relative units applying linear regression, and to derive concrete slump. The yield value is thus 
not a measured value but a parameter extrapolated from the Bingham model. 

Integrated three-stage concept for the development, production and quality control of 
a high performance grout 

Concretes and grouts with a reduced binder ratio and optimized rheological characteristics 
can be produced with a significantly reduced amount of mixing energy by merging mix 
design, production and quality control. The measurement of yield value and viscosity in the 
mixer enables an evaluation of each individual batch. In case of deviations, the rheological 
characteristics of the mix can be accurately adjusted by automatically feeding minute 
amounts of concrete additives. The following section of this article outlines the three-stage 
concept (Fig. 1) for a high-volume fly-ash concrete. 

 

Fig. 1: Integrated three-stage concept for the development, production and quality  
control of high performance concretes and grouts 



This low-clinker concrete consists of relatively low-priced raw materials and provides an 
excellent durability at compressive strengths of up to 130 N/mm2. 

Designing the mixture using BétonLab Pro 

The BétonLab Pro software is based on the Compressible Packing Model according to de 
Larrard [7] and uses the following parameters for its mathematical/physical method of 
packing density optimization:  

 the grading curves of the individual raw materials, 

 their mineralogical composition, 

 the demand of water and plasticizer, 

 the compatibility of the coarse raw materials  

After determining the raw materials, the mix design can be optimized with respect to its 
compressive strength, durability or rheological characteristics. It is crucial that rheological 
parameters such as yield value and plastic viscosity are forecast as rheological 
characteristics both in absolute units and as a slump parameter. This method makes it 
possible to evaluate the basic suitability of the mix design for achieving predefined fresh and 
hardened concrete properties in a computer-based exercise. In addition, the software is 
capable of calculating the expected mixing time on the basis of the relative concentration of 
solids. This parameter is obtained from the ratio of the actual solids content per unit of 
volume to the maximum concentration of solids under defined compaction conditions. 

Table 1: Composition of the HVFA concrete and HVFA mortar mixes and mixing times 
calculated using Béton-Lab Pro 

 

Multi-stage production in a high-intensity cone mixer 

The mixing time for a high-volume fly-ash concrete calculated using BétonLab Pro amounts 
to 210 seconds (Table 1). The multi-stage production of the concrete in a high-intensity cone 
mixer utilizes the benefits of the suspension mixing technology within a single mixer. For this 
purpose, the first mixing stage serves to produce the highly flowable mortar at a very high 
speed of the inner mixing tool. In this arrangement, the outer pins of the modified standard 
tool act as the effective system components. At the second mixing stage, the tool speed is 
reduced significantly, and the coarse aggregate is mixed in by the inclined paddles inside the 
internal mixing tool. BétonLab Pro calculates a mixing time of only 166 seconds in a standard 



mixer for producing the mortar. The total mixing time is shortened, if the coarse aggregate is 
successfully mixed in within a period of less than 44 seconds. The use of a high-intensity 
mixer makes it possible to significantly reduce the mixing time of 166 seconds anticipated for 
the mortar, and thus the total duration of the mixing process. The tests support the 
calculations carried out with the BétonLab Pro software. The two-stage method reduces the 
mixing time up to 50 % compared to the conventional single-stage process. In addition, the 
necessary mixing energy (kWh/m3) to achieve a comparable viscosity of the fresh concrete is 
reduced to more or less 40 % of the original amount. A single-stage mixing process can be 
implemented without restrictions if a multi-stage process does not result in benefits for other 
concretes or grouts, such as UHPC, due to their mix composition. 

Rheological evaluation of the concrete in the high-intensity cone mixer [8] 

It is useful to determine the rheological characteristics in the mixer only if these properties 
undergo very minor changes after the end of the mixing process. The two-stage production 
process is also beneficial in this respect (Fig. 2). The drive train of the high-intensity cone 
mixer has been redesigned in order to be able to measure yield value and viscosity. The 
asynchronous motor gear unit of the internal drive was replaced with a high-torque 
synchronous drive in order to achieve the required speed precision and drive train rigidity. 
The drive is controlled via a frequency inverter that uses the direct torque control principle. 
This design enables the controlled acceleration of the synchronous drive from zero and its 
operation at extremely low speeds. In addition, the frequency inverter uses a torque-
controlled mode that is preferable for rheological evaluations (Controlled Shear Stress). This 
combination of features results in the following options for determining the rheological 
characteristics in the mixer: 

 

Fig. 2: Change in plastic viscosity within the first 30 minutes after the end of the mixing 
period for five single-stage and three two-stage mixing processes in a high intensity 
cone mixer 

 

a) Determining the yield value using the tangential method: 

The direct torque control (DTC) of the frequency inverter ensures a linear increase in the 
torque of the synchronous motor, starting at 0.5 % of the nominal torque.  



The rotary encoder mounted on the motor shaft enables rotations in 0.192 mrad increments. 
Fig. 3 shows the rotary encoder velocity [mrad/s] and the nominal torque of the motor [Nm]. 
Above 15 Nm, the velocity of the rotary encoder shows a disproportionate increase and 
moves out of the linearly elastic range. The tangential method is used for determining the 

yield value and the associated torque. 

 

Fig. 3:  Torque-controlled measurement of the yield value [Nm] in the high-intensity cone  
mixer 

 

b) Determining the yield curve in the lower speed range: 

The modified internal drive makes it possible to operate the mixing tool of the high-intensity 
cone mixer at a very low speed and a high degree of rotational accuracy. In the first step, the 
mix is subjected to shear at the speed determined by the operator in order to eliminate 
thixotropic effects. Operation in the range from 20.78 to 1.73 revolutions per minute 
determines nine pairs of speed/torque values. Fig. 4 shows a diagram of the measured 
values. The programmable logic controller (PLC) calculates the rheological parameters g 
(yield value) and h (plastic viscosity). Depending on the number of the speed/torque pairs 
considered, the yield value extrapolated from the measured values using the Bingham model 
may vary considerably. 

 

c) Oscillation test − amplitude sweep: 

The low mass and rigidity of the direct drive and the direct torque control of the frequency 
inverter enable oscillation tests in the mixer for the first time. During these tests, the torque is 
varied in a sinusoidal pattern at linearly increasing amplitude (Fig. 5), and the position of the 
motor shaft is captured via the rotary encoder. Under fully elastic conditions, the torque curve 
is congruent with the rotary encoder curve. Under fully viscous conditions, a 90 degree 
phase shift occurs. According to the definition, the yield value is reached at a phase shift of 
45 degrees. 

 

 



 

Fig. 4: Diagram showing the nine pairs of 
speed/torque values measured in the 
high-intensity cone mixer. Yield value 
and plastic viscosity vary depending 
on the number of value pairs 
considered in the Bingham model 

  

Fig. 5: Diagram of the defined sinusoidal 
torque pattern for amplitude 
sweep in the high-intensity cone 
mixer 

 

Targeted control of fresh concrete characteristics: 

Deviations can be accurately detected and rectified by the rheological evaluation of every 
single batch in the mixer relying on measured values. If the measured yield values and yield 
curves lie outside a defined tolerance range (Fig. 6), the fresh concrete or grout 
characteristics can be adjusted to the specification by automated subsequent feed of a 
plasticizer and viscosity modifier. 

 

Fig. 6: Yield value (at zero speed) measured in the high-intensity cone mixer and nine pairs 
of speed/torque values to describe the rheology of an HVFA concrete. The yield value 
lies outside the tolerance range 



3 Summary and conclusion 
As an innovative mixing technology the three-stage mixing concept significantly reduces the 
experimental efforts to be made for designing concrete mixes for cost-optimized high 
performance grouts for offshore subsea grouting of wind turbine structures. The adjustment 
of the mixing equipment to the specific mix results in shorter mixing times, better fresh grout 
properties and a lower amount of electrical energy required for the mixing process. With such 
a mixing technology each batch can be evaluated with respect to its rheological 
characteristics by measuring the yield value and plastic viscosity inside the mixer. If 
deviations from the reference are too large, minute amounts of concrete additives can be 
batched subsequently to adjust the properties of the mix. 

Then, new grout materials with a suitable mix design can be developed, which ensure both 
an excellent workability in the fresh state and a high performance after hardening. In further 
investigations at the MPA it should be proven, that the achieved accurate production of the 
grout leads to a small scatter range of the aimed compressive strength. This leads to a 
significant reduction of the actual valid material safety factor (m,ULS=3,0). Therefore grouts 
with lower strength classes can be used for the design of the grout connections. 

In respect to the specific demands on offshore installation processes the mixing technology 
presented in this paper has to be adapted for the offshore installation vessel, to enhance 
offshore grouting in an efficient and cost-effective way. Therefore, this innovative mixing 
technology should be considered in the compact mixing systems, which will be found on the 
installation vessel. As an advantage this kind of automated mixing process allows a steady 
control of the rheological properties of the fresh grout material. 
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Abstract 

The lifetime of a large number of components in hydro-power plants is limited by the damage 
mechanism of material fatigue. This failure mechanism is characterized by the complex inter-
action of various influencing factors. In particular, the loadings and environmental conditions as 
well as the local material properties, often in conjunction with fabrication-related flaws signifi-
cantly affect the occurrence of this damage mechanism. Usually based on the fracture morpho-
logy, fatigue damage can be identified very quickly. However, the clarification of the cause (or 
the interaction of different causes) of fatigue damage often involves considerable effort and 
requires in the framework of damage analysis a synergetic approach using different analysis 
methods. The damage analysis provides important insights, which can be used to establish ap-
propriate repair procedures or which might contribute to an optimized design or manufacturing 
process including quality control.  

In the context of this paper, the procedure of damage analyses of fatigue loaded components is 
explained using some practical examples. Current findings, particularly in relation to the long-
term use of components in hydro-power plants, the changing operating conditions as a result of 
the changing energy market and the use of optimized materials are presented and discussed. 

1 Introduction / Motivation 

Because of the recent policy changes regarding the production of electrical energy, the con-
sumptive requirements for regenerative power production facilities like hydro-power plants is 
an increasing demand. The changing requirements for the storing capacity of pumped-storage 
plants due to the increase in wind and solar energy production led to changes in the operating 
conditions for hydro-power plants, such as a change in the sequence of load cycles. Additional-
ly, the former lifetime expectations when power plants where planned and installed have to be 
extended. Thus, the long lasting service of such power plants leads to more material fatigue of 
cyclically loaded components. 

The damage mechanism of fatigue is extremely local, occurring at the weakest link of the 
construction. This weakest link can be a locally enhanced stress state because of tiny surface 
imperfections, a local microstructural deviation, a locally acting attack of a medium, etc. Some-
times only after total failure of a component the damage mechanism of fatigue can be unequi-
vocally identified by forensic material inspection methods e.g. like scanning electron microsco-
py (SEM). These interrelations are summarized by Fig. 1. 

To avoid total failures, non-destructive testing (NDT) methods are applied on site in the power 
plant during in-service inspections in order to identify any kind of local failure as early as possi-
ble. When defect indications by NDT as possible hints for tiny surface cracks are observed, 
e.g. by magnetic particle inspection or by dye penetration testing techniques, further analysis is 
required. It has to decided onsite if this possible crack is severe enough to stop further service 
of that component of the hydro-power plant or whether it seems possible to continue operation 
of the machine until the next planned service interruption, when the affected areas can be 
checked for possible crack-growth by NDT. Sometimes such NDT inspection can show the 
existence of severe local failures which may cause catastrophic damage to the power plant 
when taken back into service. This leads to the demand for dismantling a damaged component 
of the machine and to conduct diverse materials examinations which of course can only be 
done by destroying at least that component. This work is known as damage or failure analysis 
and it should not be confused with so-called root cause analysis (RCA) which typically does not 
focus on the material behavior of a component but on a whole machine or even a whole plant. 

Sometimes the starting point of an incipient local fatigue damage can be found relatively easily. 
The reason for a locally beginning fatigue failure cannot be assessed without additional infor-
mation like analysis of the operational stability of the component, measurements of internal 
stresses, investigations of the load spectrum under service, investigations of original machining 



and of reworking attempts in the course of refurbishments which were undertaken during the 
service-time of the machine.  

 
Fig. 1: Schematic interrelation of occurring microstructural developments in a fatigue loaded material which 
lead to cracks and final fracture during the lifetime and influence of increasing demands on lifetime 
 

2 Full Description  

2.1 Example 1: Fatigue failure of hammer heads of a high-performance 

hydro-power generator 

During revision works of a pumped storage hydro-power plant, some severe cracks were de-
tected by NDT in highly loaded pole end plates of several high power generators. Because of 
the sizes of the assumed cracks in these highly loaded components it was decided to dis-
mantle the generators. Pole end plates from one generator with the most obvious NDT results 
were removed for metallurgical examinations by the Materials Testing Institute (MPA) of the 
University Stuttgart (figs. 2 to 5). 

 

 

Fig. 2: Rotor of a generator during its removal       
from the generator 

Fig. 3: Close-up of the rotor end (pole end plate) 
with hammer head like formed fixations for the 
copper winded poles 
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The generator had 10 poles and under full load, i.e. a run-away speed of 1.070 rpm, each pole 
is loaded with 2.1 g which corresponds to a static tensile force of about 20.100 metric tons. The 
well-known Eiffel-tower in Paris weighs about 10.000 metric tons so each pole has to bear the 
weight of two Eiffel-towers under run-away conditions. This was the reason to use the high-
strength steel 32NiCrMoV12-3 (1.6943) when constructing the generator in the early 70s. This 
type of steel is typically used for military applications such as guns of tanks. For more than 30 
years, the generator was in operation without any failure. This means that the generator opera-
ted about 150.000 hours with more than 12.000 starts and more than 60.000 load reversals 
when the machine was switched from generating to pumping service. Less than 100 run-away 
conditions were recorded during this time. Fig. 4 shows a reconstruction of a pole for computa-
tional purposes and Fig. 5 shows a dismounted pole end plate with its hammer heads 
belonging to pole 6 of the pumping side of machine # 9. 
 

 

 

Fig. 4: Acting loads on the pole of the generator Fig. 5: Dismounted pole end plate of the genera-
tor # 9 

 

The NDT revealed several rather long indications for cracks which are shown in figs. 6 and 7. 
After cooling in liquid nitrogen these cracks were opened in the laboratory for conducting seve-
ral fractographic examinations  of the fracture surfaces. The macroscopic appearance of one of 
the fracture surfaces is shown in Fig. 8. Several beach-marks are visible showing a crack-path 
starting in the radius close to the front-side of the pole end plate and growing into the material 
of the hammer head. These beach-marks are also visible in the SEM (Fig. 9). 

By using higher magnification in the SEM, many striations with varying distances could be ma-
de visible in addition to beach-marks (Fig. 10). This means that different cycling frequencies 
acted during the lifetime of the hammer head thus leading to different growth-rates of the crack. 
 

 

 

Fig. 6: Crack indication in the front of a hammer   
head revealed by magnetic particle testing 

Fig. 7: Crack indication in the radius of the ham-
mer head close to its frontside 
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Fig. 8: Overview over the fracture surface with mar-
ked crack path (see red line) 

Fig. 9: SEM-view (see frame 3 in Fig. 8) revea-
ling many beach-marks in the fracture surface 

a) b) 

c) 
 

 
 
 
 
Fig. 10: a) SEM-view at higher magnification 
(see frame in Fig. 9) revealing many striations 
with varying distances in the fracture surface, 
b) detailed view of striations between rest lines, 
c) detailed view of striations in front of a rest 
line 

 

 

Another crack indication revealed by NDT in another hammer head is shown in Fig. 11. This 
crack indicated by NDT seemed to be much smaller than the crack already described and 
shown before. Again, this crack was opened mechanically after cooling the hammer head in 
liquid nitrogen. Fig. 12 shows a close-up of the surface of the radius in the hammer head. It 
can be seen that the surface of the radius shows many grinding marks leading to a rather 
rough surface. Fig. 13 shows the fracture surface in the SEM. Again, it becomes visible that the 
fracture has grown cyclically under service of the generator. 
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Fig. 11: Crack indication revealed by magne-
tic particle testing in the radius and the front-
side of a hammer head 

 

 Fig. 12: Surface of the hammer head's radius show-  
ing the occurrence of a grinding procedure 

Fig. 13: SEM-view of the second fracture surface  

 

Usually, additional metallographic examinations as parts of damage analyses are needed to 
reveal the details of the microstructure which might give an additional explanation for the fail-
ure of a component. This was done of course in this case, too. Fig. 14 is showing the over-
view of a cross-section which has been prepared running through the fracture surface. The 
position of the metallographic specimen is shown in Fig. 13, there being labelled as SPS1. 
The microstructure of the high-performance military steel is shown in Fig. 15. It can be seen 
that the microstructure of the high-strength steel shows a typical hardened and annealed 
appearance. It may be noted that no classic microstructural deviations such as more or less 
coarse non-metallic inclusions, grain-boundary precipitates, coarse grain-sizes etc. could be 
observed. This means that there existed no metallographic defined deviation of the micro-
structure of the high-strength steel which may explain the failure of the hammer head. It may 
be added that the hardness of the steel was measured to 320 HBW2.5/62.5. This can be re-
valuated to an approximated strength of about 960 MPa which meets perfectly the measured 
strength of a tensile specimen made from the material. Additionally, charpy impact tests and 
fracture mechanic tests, as well as durability tests were performed on specimens being pre-
pared from the pole end plate. All these diverse tests resulted into the following material valu-
es: Rp0,2 = 870 MPa, Rm = 960 MPa, A = 15 %, Z = 60 % for tensile tests; KVRT = around 50 J, 
T27J = -23 °C, KV-80 °C = 14 J, KV100 °C = 100 J for charpy impact tests, ΔKI,th = 6,1 MPa√m, Ji = 
31 N/mm up to 53 N/ mm for fracture mechanic tests and σa (polished) = 300 MPa, σa (turned)* = 200 
MPa for durability tests (*Ra = 13 µm, this is less rough than the grinding structure in the radii of 
the hammer heads). 
 

 

ground regions 



 

 

Fig. 14: Overview over the cross-section SPS1 Fig. 15: Microstructure inside frame 3 of Fig. 14 
after etching the microsection SPS1  

As already mentioned, a fracture mechanic computational simulation of a pole was conducted. 
Fig. 16 shows in brief one of the results of these computations 
 

 

Fig. 16: Transfer of computed displacements of the global model on the sub model for fracture mecha-
nical calculations 
 

The evaluation of the crack-growth rate for cyclic loads (R = 0.1) may lead to a crack-length 
of about 0.5 mm after 12.000 load reversals in the course of start/stop cycles of the machine. 
This means that the much bigger crack sizes being observed in the hammer heads could not 
be caused only by the start/stop cycles. The evaluation of crack-growth under the impact of 
the generator’s rotational speed of 600 min-1 leads to a crack-growth rate da/dN of 5 x 10-8 to 
1 x 10-7, under the assumption of a ΔKI,th of about 1 to 2 MPa√m. After a one-day non-stop 
service, a crack-length between 0.043 mm and 0.086 mm can be expected, and after a non-
stop service of one year a total crack-length between 16 mm and 32 mm can be expected. 
This correlates reasonable well with the observed crack-lengths in the hammer heads. 
Taking into account the beach-marks being on the fracture surfaces, a total service time 
between one and three years may be assumed for the formation and growth of the biggest 
observed crack in the hammer head. 

The crack-initiation occurred in the radii of the hammer heads where grinding procedures 
took place in the past. This might have happened during the erection phase or some years ago 
when there was an interruption of the service for inspection works. For this the poles had to 
be pulled out from the rotor and after inspection pushed-back into the rotor. A slight angular 

pole 13, hammer head 1, 
cross-section SPS1 

fatigue fracture region 

grinding region 



deviation might have caused some problems, and the radii may have been reworked by grin-
ding, leaving a rather rough surface finish which was most likely the source of crack initiation. 
The combination of relatively low load variations with high static forces from the centrifugal 
force of the poles was responsible for the crack-growth. As a temporary measure, the sur-
faces of all highly loaded radii were smoothed by careful grinding and subsequent polishing. 
Additionally, yearly NDT is advised as a monitoring procedure. Pole end plates with cracks 
have been replaced by newly forged ones.  

2.2 Example 2: Fatigue failure of pole fixations of the rotor of a hydro-

power generator 

After a very long service time, NDT inspections of pole fixations made from laminated steel 
sheets in a vertically operating generator of a hydro-power unit showed indications of fatigue 
cracks.  A section of the rotor and the indications detected by magnetic particle testing are shown 
in Fig. 17. 

 

 

 

 

 

Fig. 17: View of the lamina-
ted core of the rotor and 
the NDT results showing in-
dications of fatigue cracks 
after long-time operation  

   

Fig. 18: Overview over a cracked 
sheet steel as arrived in MPA 

Fig. 19: Close-up of the crack in 
the radius of the steel sheet 

Fig. 20: Side-view of the sheet 
with some geometric measures 

 

One of the cracked sheets as delivered to MPA is shown in Fig. 18. Details of the crack in the 
steel sheet are shown in Figs. 19 and 20. As can be seen in Fig. 19, the surface of the radius 
appears to be hammered. The macrofractographic examination revealed fracture surfaces with 
several beach-marks and fracture lines (Fig. 21), so it could already be concluded from this  
stereomicroscopical examination that a fatigue fracture had occurred. By SEM-investigations 
fatigue striations could be revealed (Fig. 22), thereby proving the occurrence of a local fatigue 
failure of the sheet. At the end of the fatigue crack, ductile shear fracture was observed to 
occurr between the fatigue fracture and the laboratory fracture surface (Fig. 23).  
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The SEM-investigations revealed that the crack started in the surface of the radius of the steel  
sheet, perhaps due to some surface deformation by hammering. It can be concluded that the 
crack grew during service but not very fast because in the initiation region some severe 
corrosion on the flanks of the growing crack took place. The crack-growth rate was determined 
by the striation width measured on the fatigue fracture surface to vary from 0.3 µm to 1.2 µm 
per cycle. About 19 times the crack-growth arrested and after starting to grow again beach-
marks were formed perhaps due to load rejection events or tests in the past. Between the 
fatigue fracture and the laboratory fracture, a zone of local ductile shear fracture occurred 
which may be attributed to the last load rejection test in march 2011. In a first attempt, a range 
of stress intensity factors was calculated for measured crack length between 1 mm and 12 
mm. Fig. 24 shows the result of these computations and Fig. 25 shows a diagramm where the 
crack-growth per cycle da/dN is related to different calculated stress intensity factors.  

 

   

Fig. 21: Overview over the open-
ed crack surface after cooling the 
plate 

Fig. 22: Close-up (see big frame in 
Fig. 21) of the crack surface with 
beach-marks and fracture lines and 
the crack-growth direction 

Fig. 23: SEM-view (see tiny 
frame in Fig. 21) on the end of 
the fatigue crack surface with 
local ductile shear fracture 

 

 

For an average number of start/stop cycles of 420 per year and a service time of 27 years (i.e. 
1984 to 2011) a total number of 22.000 start/stop cycles occurred. For a crack length of 12.8 

mm, which was measured in one fracture surface, the growth-rate thus was 0.58 mm per cycle 
which meets very well the calculated growth rate of 0.3 µm to 1.2 µm per cycle, depending on 
the calculated fracture toughness values. Consequently, this means that the fatigue crack ini-
tiation must have taken place already in the initial phase of the operation of the generator. 

 

 

 

 

 

Fig. 24: For measured crack lengths 
between 1 mm and 12 mm following 
crack path D (see inserted sketch of 
a sheet), stress intensity factors from 
30 MPa√m to 50 MPa√m can be cal-
culated 

fatigue fracture shear fracture 

laboratory 
fracture 

beach-marks (about 19) fracture surface 1 with beach-marks 
laboratory fracture 

surface  



 

 

 

 

 

Fig. 25: For the calculated stress in-
tensity factors between 30 MPa√m 
and 50 MPa√m, corresponding 
crack-growth rates from 0.3 µm to 
1.2 µm per cycle can be deter-
mined 

 

 

 

 

2.3 Example 3: Fatigue failure of a rotor hub of a hydro-power generator 

Over the course of several years, crack-growth of a crack in a rotor hub of a hydro-power ge-
nerator made from cast steel was observed by NDT during periodic in-service inspections, 
thereby confirming a slowly growing crack under very high cycling service conditions. In 2013 it 
was decided to cut-out a small segment of the crack from the component. In the years before 
that specimen was cut-out, attempts to reveal information about the depth of the growing crack 
were made by local grinding. Bore holes and punch-marks were set near the crack-tip to mark 
the ends of the crack and  to stop the crack-growth.  

  

 

 

 

Fig. 26: Technical 
drawing of the ro-
tor hub with some 
inserted photo-
graphs showing 
several NDT re-
sults to illustrate 
the efforts to de-
termine the crack 
depth and to stop 
the crack-growth 

 

 

Fig. 26 shows a technical drawing of the rotor hub togehter with some NDT results from 2007 
and 2013. Oviously, the attempt to prevent the existing crack from growing failed because the 
NDT results in the right part of Fig. 26 clearly show crack-growth. 

The overview of a boat-shaped specimen being cut-out from the hub by grinding is shown in 
Figs. 27 and 28. Fig. 28 reveals that the specimen exhibits an inclusion at its right hand end. This 
inclusion was confirmed later on by EDX-analysis during the SEM-examination to consist mainly 
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of aluminium oxide (i.e. Al2O3). After cooling the specimen in liquid nitrogen, the crack was 
opened in the laboratory so that the crack-flanks i.e. the fracture surfaces became visible (Fig. 
29). It can be seen that the crack grew cyclically thus forming beach-marks. Additionally, it can 
be seen that parts of the fracture surfaces are showing a bluish coloring in the delivered condition 
of the specimen which is presumably caused by the cutting/grinding procedure. Fig. 30 shows a 
close-up of the fracture surface where beach-marks are well visible. In the SEM, several beach-
marks could be found again (Fig. 31) but it was impossible to reveal striations at higher magnifi-
cation (Fig. 32). The lack of striations was observed in the other parts of the fracture surface, too, 
so it was assumed that the microstructure of the cast steel prevented the formation of clearly visi-
ble striations. 

   

Fig. 27: Overview over the boat-
formed specimen being cut-out 
from the hub 

Fig. 28: View of the right-hand si-
de of the boat-formed specimen 
showing a coarse inclusion 

Fig. 29: Boat-formed specimen af-
ter opening it in the laboratory 

   

Fig. 30: Close-up of the fracture 
surface with beach-marks; the 
white arrow-heads are showing   
a further extension of the crack 
marked by dye penetration test 

Fig. 31: SEM-view of a beach-
mark (see frame in Fig. 30); addi-
tionally, some pores are visible in 
the fracture surface of the cast 
component 

Fig. 32: On both sides of a beach-
mark (see frame in Fig. 31) no well-
developed striations are visible 

   

Fig. 33: Manganese sulphides in 
the fracture surface; some sulphi-
des fell apart 

Fig. 34: Etched microsection of 
the cast steel showing shrinkage 
cavities and an unusual micro-
structure 

Fig. 35: Microstructure of the cast 
steel at higher magnification (see 
frame in Fig. 34) which is ferritic 
with small pearlitic islands 

 

In some parts of the fracture surface, manganese sulphides were found showing an as-cast 
appearance (Fig. 33). The cast steel itself was revealed to possess an unusual ferritic micro-
structure, besides several shrinkage cavities (Fig. 34) and at higher magnification small islands 
of pearlite inside the ferritic grains could be observed (Fig. 35) which obviously was a result of 
the casting procedure. Additionally, this means that the normalization annealing of the cast 
component was at least insufficient. 



For further analysis, core samples of the cast steel were taken from the rotor hub by drilling. 
These cores were used for diverse additional materials analyses such as determination of che-
mical composition, microstructure and hardness HV10, for tensile and compressive stress tests 
for the determination of the materials mechanical properties, for a cyclic fracture mechanic test 
for the determination of the crack-growth rate, and for several static fracture mechanic tests 
which were planned to be used for the determination of crack resistance curves. Also the inter-
nal stress of the component was determined on-site by the hole-drilling method. 

The chemical analyses proved an almost unalloyed steel with 0.24 weight-% C, 1.30 weight-% 
Mn and 0.34 weight-% Si. Additionally, small amounts of Cr (0.12 weight-%), Ni (0.26 weight-
%), Cu (0.23 weight-%) and V (0.25 weight-%) were detected. The metallographic examination 
revealed again a somewhat unusual microstructure with stem-like ferritic grains and small 
pearlitic islands, thereby proving that the component was in an as-cast condition and not in a 
normalized condition. The mean value for the hardness was determined to be around 171 
HV10 which was approximated to an ultimate tensile strength of about 550 MPa. Four tensile 
tests confirmed this approximated strength, i.e. Rm was determined to an average 594 MPa, 
Rp0,2 was determined to an average 367 MPa; A was determined to average 19.9 % and Z was 
determined to average 42 %. It may be noted that only A und Z showed some more variation 
which is thought to be due to local casting defects like pores or shrinkage holes in the cast 
steel. The compression test led to a compression limit of 380 MPa and to a crush strength of 
1.797 MPa. The compressive deformation itself was determined to reach 50.4 %.  
 

 
 

Fig. 36: Crack opening displacement vs. applied 
force 

Fig. 37: Cyclic crack-growth rate da/dN vs. the 
stress-intensity ΔKl 

 

The static fracture mechanic tests are summarized by Fig. 36. This figure shows the crack-ope-
ning displacement (COD) related to the applied force. After an initial elastic-plastic behavior, 
unstable crack-growth occurred at COD-values between 0.38 mm and 1.03 mm. This means 
that already at room temperature the steel behaves transitional regarding its toughness. The 
stretched zones in the fracture surfaces were determined by SEM to vary between 0.032 mm 
and 0.054 mm. The revealed Ji-values ranged from 24 N/mm to 52 N/mm. The stable crack-
growth was determined on the fracture surfaces to range between 0.057 mm and 0.166 mm. 
These values were too low to evaluate crack-resistance curves from the data. The value of the 
J-integral at fracture Jc was determined to vary between 42 N/mm and 161 N/mm and thus KJc 
was determined to vary between 94 MPa√m and 183 MPa√m. The varying material behavior 
seemed to indicate the influence of material inhomogeneities. Fig. 37 shows the result of the 
cyclic crack-growth rate vs. the stress-intensity ΔKl. By comparing the measured values (in red 
color in Fig. 37), which form a straight line following Paris law behavior, to the ASME XI-curve 
for steel in air (in blue color in Fig. 37), it becomes visible that the cast steel shows overall a 
low crack-resistance and for ΔKl-values below 25 MPa√m the Paris law behavior of the cast 
steel falls below the ASME XI-curve. 

The internal stresses in different parts of the component were revealed by the drill-hole method 
to range between about -321 MPa in the frontside of the hub as compressive stress and up to 



about 223 MPa in the radius to its flange as tensile stress. Both are the results of the fabricati-
on (i.e. casting and final machining) of the component. 

The cast steel of the rotor hub showed several rather small casting defects such as pores, 
shrinkage holes and nonmetallic inclusions. Additionally, the microstructure of the component 
revealed that the cast steel was insufficiently normalized. This means that both crack-initiation 
and crack-growth were severely influenced if not enhanced by localized defects of the hub and 
by the local internal tensile stress which was cyclically loaded with high frequencies over a long 
time (Very High Cycle Fatigue - VHCF). Without such tiny defects, the fatigue damage i.e. the 
formation of cracks cannot be explained. This is why components which are under service over 
such a long time period, should be should be repeatedly tested, even before they reach their 
predicted fatigue life, to avoid severe fatigue damage. 

2.4 Example 4: Fatigue failure of a crossbar of a hydro-power pump  

During an inspection of a pumped storage hydro-power plant, a crack was observed in a stay 
vane made from cast steel which acted as support of the pumping part of the machine (Fig. 
38). By NDT it was revealed that the crack was already relatively extended (Fig. 39). 

 

 
Fig. 38: Crack in a stay vane which could already     
be seen by the naked eye 

Fig. 39: NDT by dye penetrant testing showing 
the extention of the crack 

 

 
Fig. 40: Boat-formed specimen delivered to MPA Fig. 41: Detail of the surface of the specimen (see 

frame MET in Fig. 40) showing a crack 

 

Again, a boat-formed specimen was cut-out from the component by grinding was delivered to 
MPA for examination (Fig. 40). This specimen showed on its topside the surface of the former 
crack which was observed already on-site (Fig. 38). The fracture surface appeared to be sub-
divided into two zones. Near the outside surface in the flange with many dents caused by 
abrasive wear (visible in Fig. 41), a relatively smooth and thus highly reflecting zone with a 
depth of about 3.5 mm became visible. In this zone some additional cracks were observed. It 

 



was revealed by SEM that this surface zone did not exhibit typical crack or fracture morpholo-
gies but it showed a speckled appearance (Fig. 42). By using back-scattered electrons in the 
SEM the resulting material contrast of the specimen pronounces these speckles. The 11 EDX-
analyses at the positions marked in Fig. 43 proved that the dark phases in Fig. 43 are Si- and 
O-containing i.e. these are SiO2-particles being enriched in this region of the cast steel, which 
was analyzed by EDX to be G-X4CrNi17-4. Following the zone close to the surface and thus 
close to the radius of the component, a second and somewhat rusty fracture surface was visi-
ble in the stereomicroscope, being oriented almost perpendicular to the first part of the opened 
crack flank. In this second zone, striations and liquations (i.e. segregations and/or slag inclu-
sions inside the material of the boat-formed specimen) became visible when examining the 
fracture surface by SEM (Figs. 44 and 45). 
 

 

 

Fig. 42: SEM-appearance of the first zone of the 
fracture surface (see frame SEM in Fig. 40) 

Fig. 43: Apperance (see frame in Fig. 42) of the 
fracture surface showing no fracture morphology 
but dark and light phases (material contrast) 

 

 

Fig. 44: SEM-appearance of the second zone of     
the fracture surface (see frame SEM in Fig. 40) 

Fig. 45: Detailed appearance (see frame in Fig. 
44) of the fracture surface showing striations 
(upper part) and liquations (lower part) 

 

Additionally, the surface of the radius below the opened crack which was already shown in Fig. 
41 was examined by SEM. Fig. 46 shows that close to the opened crack several short cracks 
are appearing in the worn surface of the specimen. In Fig. 40 two positions for metallographic 
specimens S1 and S2 are depicted. The cross-section S1 is shown in Fig. 47 in etched con-
dition. In this figure the radius underneath the opened crack surface was revealed to be about 
20 mm. 
 

  

  



 

 
Fig. 46: SEM-appearance of the surface inside        
the radius 

Fig. 47: Overview over the already etched cross-
section S1 

 

 Fig. 48: Frame 1 in Fig. 47 (polished condition of        
the cross-section) showing pores, non-metallic in-
clusions etc. in the cast  steel nearby the radius in 
the right part of Fig. 48 

Fig. 49: Appearance (see frame in Fig. 48) of the 
cross-section after etching: some of the shrinkage 
cavities inside the martensitic microstructure with 
δ-ferrite are showing crack extensions 

 

In Fig. 47, five indentations of the hardness tests according to Vickers HV10 are visible. The 
hardness of the cast steel was determined to a mean value of 280 HV10 which may be revalu-
ated to a tensile strength of about 877 MPa. The microstructure of the cast steel consists of 
martensite and some δ-ferrite and additionally many pores and some shrinkage cavities partial-
ly acting as crack-starters are visible. 

The results of these examinations proved the presence of several internal fabrication defects 
formed during the casting of the component. Liquations and locally enriched non-metallic inclu-
sions could be found as well as pores and shrinkage cavities. Especially the shrinkage cavities 
acted as crack initiation sites thus leading to fatigue cracks which grew during the service of 
the component. Perhaps the wear in the surface of the radius enhanced the formation of sur-
face cracks. To avoid such kind of failure, a better quality management during the manufac-
turing process should be assured. 

3 Summary and conclusion 

The four examples presented here all show that in most cases, very tiny defects can lead to 
fatigue crack initiation and fatigue failure. These tiny defects which are summarized in Fig. 50 
sometimes are hard to detect. In these cases, they could be revealed because the tiny defects 
already led to cracks which could be detected by NDT during in-service inspections. To ensure 
the continued availability of hydroelectric plants, which is essential for the implementation of 
energy policies favoring renewable energy, severe damages of the diverse components of 

  



hydro-power plants must be avoided. To achieve this, regular repeated inspections of at least 
the highly stressed parts of the components must be assured. If these inspections show tiny 
defects, a failure analysis by metallurgical testing methods is to be recommended, since there 
are many different causes for the occurrence of extremely localized failures, which can only be 
revealed by a combination of different complementary methods. By using techniques for the 
search for possible causes of failure, damage of the component can be avoided. This means 
that failure analysis should be preferred to damage analysis. 

 

Fig. 50: Overview of some typical tiny defects in components of hydro-power plants which acted as 
crack intiation sites under service condition 
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Abstract 
The lecture gives an overview about defects on wind turbines occurred over the past 15 
years and classifies these defects. 

1 Types of defects 

1.1 Mechanical defects 

 

1.2 Electrical defects 

 

1.3 Defects on fiber reinforced plastic 

 



2 Reasons for defects 

2.1 Design 

 

2.2 Production 

 

2.3 Transport 

 



2.4 Erection 

 

2.5 Maintenance 

 

2.6 External 

 



3 Consequences of defects 

3.1 HSE 

 

3.2 Structural safety 

 

Source Internet 

3.3 Repair costs 

 



3.4 Loss of production 

 

4 Defect prevention 

4.1 Avoiding of defects 

 

4.2 Reduction of repair costs 
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Abstract 
TÜV SÜD and I-Deal-Technologies are currently developing and qualifying a mechanised 
ultrasonic testing system for examining narrow-gap welds in thick-walled components. The 
focus here is on objectives such as determining the true size of the discontinuity and its 
three-dimensional representation in the volume model, low dependence on scattering 
properties of the material to be tested, short shifting distances and 100% testing of the entire 
welded joint volume even for vertically upright flaws.  

1 Introduction/Motivation 
Generally speaking, the examination of narrow-gap welds using ultrasonic testing systems is 
problematic due to the steep flank angle and it requires the use of “special methods” such as 
tandem testing and time of flight diffraction (also in conjunction with the synthetic aperture 
focusing technique).  

The result is heavy demands on the technique used and on qualification of the examiners. 
Very specific examination problems arise when only short shifting distances which are 
restricted due to structural considerations are available in combination with materials which 
have highly scattering properties. Added to this are the requirements for representation and 
evaluation of the result, reproducibility of the test and comparison of the data in the case of a 
periodic test. 

These specifications gave rise to combining the sampling phased array technique of the 
Fraunhofer IZFP Saarbrücken with the ultrasonic test system of I-Deal-Technologies and the 
manipulator technique developed based on TÜV SÜD AG’s expertise regarding the 
examination and testing of welded joints.  

2 Full Description  
The aim of the development was to provide a mechanical testing system consisting of 
manipulator, sampling phased array unit and data-processing system with visualisation 
software. The focus was placed on the following main features: 

• Reliable, compact, easy, universal, robust, user-friendly and lightweight 

• Suitable for testing cylindrical components from 200 to 1000 mm diameter 

• Performance of the test with the maximum possible reproducibility 

• Option to determine the type of defect, true defect size and defect position (ultrasonic 
tomography) as the basis of defect evaluation using fracture mechanics  

• Suitability for highly scattering materials and for complicated weld geometries 

• Three-dimensional representation of the defect in the welded joint volume and easy 
measurement option  

• Testing of thick-walled components with a minimal shifting distances at the same 
time. 

The task was assigned to the fields of ultrasonic testing technology and manipulator 
technology to enable the properties referred to above to be achieved. 

The sampling phased array ultrasonic system of the Fraunhofer spin-off I-Deal-Technologies 
is used. The sampling phased array principle (see Fig. 1) consists of using ultrasound to be 
examine the component with divergent spherical waves which are emitted and received by 
the elements of a probe array. A sectional image of the component is calculated and 
visualised from the signals received. This takes place in that, in individual image elements 
(pixels) with amplitude values of individual ultrasonic signals, the array elements are overlaid 
taking the ultrasonic transit time into consideration (SAFT principle). At the same time, 



digitally focused testing is carried out automatically in every point of the near field. Using this 
technology enables the volume to be displayed tomographically.  

 

Fig. 1: Principle of Sampling Phased Array test  

The technology, however, requires very precise and highly reproducible guidance and 
positioning of the probe for data acquisition so as to build up correspondingly large 
apertures. 

The test manipulator was developed and built by TÜV SÜD in cooperation with a machine 
builder over a 12-month period. One of the greatest challenges encountered was the 
requirement for almost tolerance-free guides and precisely reproducible probe positioning. 
The test manipulator currently in use still has prototype status and has therefore been kept in 
a simple modular design. This has proven its value particularly during the development of a 
suitable drive system. Fig. 2 illustrates the current system components. 

 

Fig. 2: Overall testing system manipulator, ultrasonic electronics and software environment  

The data are processed after taking the image using the software developed by I-Deal-
Technologies and are then available for evaluation. In this case, the data can be requested 
and evaluated as B-C-D images and as a 3D representation (see Fig. 3) 



 

Fig. 3: Representation options for the test data 

The experimental part of qualifying the testing system was performed on the basis of the 
ENIQE guideline. To do this, types of defects to be expected, their position and size were 
defined as a function of the material behaviour of Alloy 617 and Alloy C-263, execution as a 
narrow-gap weld with a welding robot using the TIG welding process and production 
conditions. The catalogue of defects includes: 

• Lack of side wall fusion 
• Lack of inter-run fusion  
• Pores 
• Heat cracks 
• Lack of fusion at the root 

 
For defect evaluation, the defect should be detected by means of an approved and 
appropriate non-destructive examination procedure or destructive testing.  

Defect testing using x-rays is still very difficult to perform meaningfully for thick-walled (50 
mm, single-wall) components. Depending on the orientation of the defect in relation to the 
central beam of the x-ray source, for example, lack of inter-run fusion situated horizontally in 
the weld are not found. Conventional ultrasonic examination is not feasible to use it for 
nickel-based welded joints. 

The chosen solution was to perform a first test of the ultrasonic system on a test weld with 
artificially introduced defects, their size being chosen such that they could be detected by x-
ray examination. The defects included can be seen in Fig. 4. As the introduced defects were 
relatively large, this test was used primarily for the general qualification test of the system 
and for finding suitable test parameters. As a result, it may be noted that all defects in the 



test block including the hot cracks were found by the ultrasonic test system. 

 

Fig. 4: Diagram of the test block with artificially introduced defects 

Subsequently, a test block with natural defects and identical dimensions was examined by 
means of sampling phased array ultrasonic and destructively tested in the defective areas in 
accordance with the radiographic test. A total of 190 microsections were prepared for this 
purpose and compared with the ultrasonic examination data. 

The following results can be summarized 

 

1. Reliability of defect detection 
The result of comparing the microsections which show the true defects with the B images 
obtained from the ultrasonic examination data (see Fig. 5) is that all the defects with a cross-
section greater than 0.2 x 0.2 mm and a linear expansion greater than 1 mm could 
reproducibly be found. No pseudo indications emerge from the microstructure.  

The test block was subjected to two consecutive examinations to test the reproducibility of 
the result. The results showed no significant difference. 



 

 

Fig. 5: Comparison of measured v. true defects 

Comparison of the ultrasonic examination data with the x-ray films indicates a very much 
better detection probability of the defects using ultrasound examination (see Fig. 6). 

  

Fig. 6: Comparison of radiograph of the weld after separation as a disc with 3D 
representation of the ultrasound examination data in “elongated” form 

 

2. Determination of the defect size 
As the true defects were rarely circular in cross-section (see Fig. 7), rectangles which were 
as small as possible were placed around the defects and their area was used for the 
evaluation.  

Defect 1 



 

Fig. 7:  Typical defect cross-sections 

As can be read off from the scatter diagram (diagram 1), a correlation factor R2 of 0.0113 
emerges for the comparison of the cross-sectional areas measured by means of ultrasonic 
examination with the true defects. This is not enough for technical use. Thus it is not possible 
to assume measurability of the defect cross-section based on the B image data from the 
ultrasonic examination. However, this was also not anticipated with the given workpiece-
dependent ratio of defect size to wavelength (average defect size 0.4 x 0.4 mm, 
ClongAlloy617 = 6 km/s, f = 2.25 MHz) of 0.17. System tests with other materials have 
shown that a reliable statement is only possible above a ratio of defect size to wavelength of 
1.  

Therefore a calibration block must additionally be produced for evaluating the size when 
performing examinations using low test frequencies where at the same time the defect 
dimensions to be anticipated are small.  

For ferritic materials which can be examined with transveres waves and at a frequency of 5 
MHz, a defect size to wavelength ratio ≥ 1 is already reached above a defect size of approx. 
0.64 mm. 



 

Diagram 1: Scatter diagram of area comparison 

The linear extension of the defects (see Fig. 8) was congruent between the measured error 
and the ultrasonic examination. 

 

Fig. 8: D image of ultrasonic examination data 

3. Determination of the defect position 
It is possible to ascertain from the comparison of the ultrasonic examination data with the 
microsections that there is a very good overlap of the real defect position with the ultrasound 
examination data. R2 here is around 0.9755 

Defect 2 

Defect 1 



 

Diagram 2: Scatter diagram of defect depths 

4. Determination of the defect type 
As already noted in the section on “Determination of the defect size”, it is only possible to 
obtain a really meaningful tomographic representation of the defects in the welded joint 
volume above a defect size to wavelength ratio of 1.  

From the comparison of the ultrasonic examination data with the microsections and the 
defect shapes and orientations contained in the test weld, it can be seen that different signal 
characteristics can be assigned to different types of defect. 

It is possible to differentiate between flat and voluminous defects due to the diffraction 
signals from the ends of the defect. Even if, as in the present case, the flat separation does 
not run in a straight line in the material (Fig. 9). 



 

 

 

Fig. 9: Comparison of B image to true defects  

3 Summary and conclusion 
In the experimental section of the system qualification, it was shown that defects above a 
cross-sectional area of 0.2 x 0.2 mm can reliably by detected by the ultrasonic examination 
system. 

An evaluation of the defect cross-section is not meaningful based on the B image alone 
because of the unfavourable defect sizes to wavelength ratio of 0.17. The result here would 
be an overvaluation and it is additionally necessary to use a calibration block. 

The linear expansion of the defect in the D image and in reality was congruent. Overall, it 
may be said when comparing the ultrasonic examination representation with x-ray film that: 

1. an inadmissible defect (Fig. 8, defect 1) was found in the ultrasound examination which 
was not found using x-rays. It was only possible to find the defect when the weld was 
available as a disc and was x-rayed from the side. 

2. the 3D representation permits a very much better evaluation of the defect than the 
radiograph even if the real defect diameter does not exactly match the ultrasound 
measurement.  

Thus, in respect of defect detection and measurability, the ultrasound examination system 
has proven itself by comparison with the x-ray examination. It was not possible to carry out a 
meaningful conventional ultrasound examination due to the materials used and the weld 
geometry. 
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Abstract 
During commissioning of modern, high-efficient coal fired power plants, which were built 
within the last 5 years, cracks were detected after very short time of operation within the 
welds of membrane walls made from material T24. The root cause analysis revealed trans- 
and mostly intergranular cracks adjacent to the heat affected zones beside weld joints. 
However, the degradation mechanism was rather unclear, which led to an extended root 
cause analysis for clarification of these failures. 

Within the test program reported here, the cracking of mainly T24 and T12 (for reference) in 
oxygenated high-temperature water was determined depending on the effect of water 
chemistry parameters such as dissolved oxygen content, pH, temperature and ional copper 
impurities, but also with respect to the mechanical load component by residual stresses and 
the microstructure, both effected by additional heat treatments. 

As test techniques exposure tests were performed in autoclaves under well defined 
environmental conditions simulating feed water conditions for fossil fired plants, followed by 
microscopy, EBSD-analysis and local preparation techniques using focused ion beam 
microscopy. The specimens were either unloaded or loaded while the mechanical load 
component was applied as static or dynamic load. 

The results clearly show that the cracking of this low-alloy steel in oxygenated high-
temperature water is driven by the dissolved oxygen content and the break down of the 
passive corrosion protective oxide scale on the specimens by mechanical degradation of the 
oxide scale as fracture due to straining. They further give evidence, that a reduction of the 
residual stresses by a stress relief heat treatment in combination with a strictly reduced 
dissolved oxygen content according to valid water chemistry standards – when plastic strain 
transients occur – are effective countermeasures to prevent welds in T24 tubing from 
environmentally assisted cracking. 

1 Introduction 
Over decades low-alloy steels are widely used for pressure parts in power plants because 
they combine a reasonable high strength and ductile material behavior. With increasing 
temperature the creep resistance and especially the allowable stresses are in focus to either 
extend the life time of plants or the operational parameters in terms of increased temperature 
and pressure.  

Hence, the well known material T22 was alloyed by e.g. Vanadium and Titanium or Wolfram 
to increase the creep resistance and/or to increase the allowable stresses at service 
temperature, [1], [2]. The qualification of these more and more complex alloying systems 
showed that e.g. the welding of the steels is in principle possible without additional  
post-weld heat treatment, requesting a small window regarding the manufacturing/welding 
parameters, [3], [4]. 

Unfortunately, some boiler segments using T24 cracked during commissioning due to trans- 
and mostly intergranular cracking. An extended root cause analysis was launched with 
special focus on manufacturing but also on laboratory test addressing the degradation in 
(oxygenated) high-temperature water simulating start-up conditions, [5], [6], [7]. 

2 Material 
All material specimens tested in this program were either tube mock-ups with one circum-
ferential weld or weld mock-ups for testing of pure T24 weld metal or T24 heat affected zone 
specimens. The tube specimens have an overall length of approx. 300 mm and a size of  
44.5 x 6.3 mm, see Figure 1. The microstructure was characterized in as-welded material 
condition before laboratory testing. The chemical composition of used material batch is 



 

 

shown in Table 1 and Table 2. The weld consists of three welding passes while the root of 
the weld is situated towards the tube inner surface and the filling / top pass is located at the 
outer material surface. The T24 weld metal shows a normal welded structure with typical 
indications. The heat affected zone has a width of approx. 2 mm at each side of the fusion 
line. Beyond the fusion line the heat affected zone follows with a coarse grained and fine 
grained microstructure. The base material has a bainitic microstructure (between pearlite- 
and martensite-region) and is representative for tubes from the field. 

Table 1:  Chemical composition of tested T24 material batches (7CrMoVTiB10-10, German 
material No. 1.7378). 

Heat C Si Mn P S Cr Mo Al Ti V B N 

58110 0.08 0.25 0.54 0.011 0.005 2.50 0.93 0.012 0.07 0.22 0.0032 0.008

Requirements according to DIN EN 10216-2, [8]*) 

min 0.05 0.15 0.30 - - 2.20 0.90 - 0.05 0.20 0.0015 - 

max 0.10 0.45 0.70 0.020 0.010 2.60 1.10 0.020 0.10 0.30 0.0070 0.010
*) The tubes were ordered according to DIN EN 10216 series. 

Table 2:  Chemical composition of tested T12 material batches (13CrMo4-5, German 
material No. 1.7335)1. 

Heat C Si Mn P S Cr Mo Al Ni 

211888 0.14 0.30 0.57 0.009 0.007 0.91 0.51 0.017 0.06 

Requirements according to DIN EN 10216-2, [8]*) 

min 0.10 - 0.40 - - 0.70 0.40 - - 

max 0.17 0.35 0.70 0.025 0.020 1.15 0.60 0.040 0.30 
*) The tubes were ordered according to DIN EN 10216 series. 

2.1 Specimens 
2.1.1 Bending Specimens (Jones Specimens)  
The Jones specimens were manufactured from tubes as shown in Figure 1 according to [9]. 
The specimen orientation was along the tube axis while the bending of the specimen was 
across the extrados implementing axial tensile stresses at the weld root. The inner surface 
was tested as manufactured without any additional treatment as e.g. chemical cleaning. Thus 
the inner tube surface was exposed to environmental conditions in as fabricated condition. 
Some of the specimens were tested in heat treated material condition to determine the effect 
of released residual stresses.  

2.1.2 Tensile Specimens  
All SSRT tests in (oxygenated) high-temperature water were performed by using tensile 
specimens of the specimen size M6 x 0.5 with a diameter of 4 mm and a gauge length of 
20 mm. Before testing, the specimen surface was cleaned with ethanol to properly remove 
any liquids as e.g. oil from specimen manufacturing. 

                                                 
1  The T12 material was included for material and especially microstructure comparison. 



 

 

 

 

Figure 1: Example of a tube mock-up with a circumferential weld. 

 

 

 

Figure 2: Example of a weld mock-up with a longitudinal weld for manufacturing of tensile 
specimens in pure “weld” and “heat affected zone” condition. 
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3 Test Methods 
In different laboratories the material group of the 2 ¼ Cr- 1 Mo steels were tested and 
examined under technical-scientific conditions using autoclaves to simulate in-service 
conditions. Hence, the environmentally assisted cracking behaviour in the area of T24 tube-
tube welds was analyzed in full scale test circuits and in autoclaves with high-temperature 
water in the temperature range between T = 150 °C to 280 °C. 

3.1 Static Autoclaves 
The exposure tests on Jones specimens in static autoclaves were mainly performed in two 
types of autoclaves with a volume of 1 l or 5 l. The testing procedure was somehow different 
for the both autoclaves. For parametric study and especially to determine the effect of 
dissolved oxygen, the test solution was filled into the 1 l autoclave fully covering the Jones 
specimen, see Figure 3. This autoclave was finally closed either with increased dissolved 
oxygen content (DO > 2 ppm) or flushed by nitrogen for testing under inert environmental 
conditions. The effect of copper as chemical potentiostate on the degradation behavior of 
T24 was tested by bimetallic contact of some Jones specimens in combination with dissolved 
copper in ammonia complex in the 5 l autoclave. The Jones, coupon and Pt-reference 
specimens were fixed at a central specimen holder and inserted into the pre-filled autoclave. 
The copper containing environment was evaporated and flushed by nitrogen for testing under 
environmental conditions with nearly no dissolved oxygen (DO < 5 ppb). 

Beside stressed Jones specimen also unloaded coupon specimens were exposed to 
measure the corrosion potential of T24 material in high-temperature water. Therefore an 
Ag/AgCl-electrode was used as reference electrode, which is thermal stabilized by active 
cooling of the electrode corpus. This Ag/AgCl-reference electrode is used to determine the 
corrosion potential or the REDOX-potential respectively against the standard hydrogen 
electrode (SHE) at ambient test temperature. 

 

 

Figure 3: Static autoclave systems to determine the influence of e.g. dissolved oxygen on 
the cracking behavior of T24 material. 



 

 

3.2 SSRT-Tests 
The used test rig for (oxygenated) high-temperature water environment is a refreshing loop 
for exposure of specimens to high-temperature water under additional active mechanical 
loading, see Figure 4. The continuous conditioning by the water make-up system is leading 
to highly pure test conditions with nearly no ionic impurities leading to an electrical 
conductivity of < 0.060 µS/cm at room temperature, which is almost the conductivity of pure 
H2O at room temperature and fulfills the requirements for feedwater of boiling water reactors 
and boilers, respectively. 

The pH-value of the test solution is adjusted by ammonia as required by the water chemistry 
guidelines for feedwater of boilers, [10] [11]. Since the correlation between pH-value and 
electrical conductivity of solved ammonia is known by the limiting ionic conductivity of 
ammonia in water and the solved quantity of ammonia, the electrical conductivity of the test 
solution is used for adjustment of the pH-value. Additionally the pH-value was measured at 
the beginning of each SSRT test at the inlet and outlet position of the test rig. 

The dissolved oxygen content was adjusted by a N2/O2-gas mixture by flushing of the water 
solution with this gas mixture. All tested SSRT specimens were exposed for a so-called pre-
oxidization phase to adjust stable water chemistry conditions and subsequently strained until 
sufficient necking and/or fracture at a constant strain rate of dε/dt = 10-6 s-1. The strain was 
directly measured at the gauge length of the tensile specimens, see Figure 4.  

 

 

 

 

Figure 4: Test rigs with combined refreshing and mechanical load unit used for SSRT 
testing of T24 and T12 material under oxygenated high-temperature water. 

 

 



 

 

4 Results 

4.1 Exposure tests in static autoclaves 
4.1.1 Effect of dissolved oxygen content 
In static autoclave tests the presence of dissolved oxygen reliably caused one crack per test 
run while one test run contained at the maximum 3 Jones specimen, see Figure 5. At low 
dissolved oxygen content and/or when no oxygen was present (due to inert test conditions by 
sufficiently flushing the test solution with nitrogen) there were no cracks even under 
aggravated conditions in terms of mechanical load (plastification). The comparison of fracture 
surfaces from cracks in the laboratory to cracks observed from the field show clearly an 
intergranular cracking in both cases, Figure 5. 

 

 

Figure 5: Effect of dissolved oxygen content on the cracking behavior of T24 specimens. 

 

4.1.2 Effect of heat treatment (Stress and Strain) 
The environmentally assisted cracking of materials is generally influenced by the material 
properties, specific environmental conditions and mechanical loading. Since T24 welds 
intend to be not post weld heat treated, the effect of a beneficial residual heat treatment on 
the cracking in oxygenated high-temperature water was determined depending on different 
heat treatment temperatures, see Figure 6. The crack rate of Jones specimens was not 
affected by a heat treatment at a temperature of T = 450 °C for 24 h, while a heat treatment 
at T = 500 °C for 24 h reduced the crack rate to 17 % and no cracks were observed after 
annealing at T = 520 °C for 24 h. 

A stress relief heat treatment at T = 550 °C for 24 h before bending and fixing the specimen 
on the bracket (strain and elastic stress was present) lead to cracks in the autoclave test 
under critical conditions in terms of temperature and dissolved oxygen content, see Figure 7. 



 

 

The same heat treatment after bending and fixing the specimen on the bracket (only strain 
existing) no cracks were observed. Releasing the Jones specimen after bending (only strain 
was existing in the specimen) lead to a crack rate of zero. Consequently, elastic stress and 
strain was simultaneously necessary to produce cracks under critical autoclave conditions in 
terms of temperature and dissolved oxygen content (T and DO). 

 

 

Figure 6: Effect of post weld heat treatment on the cracking behavior of T24 specimens. 

 

 

Figure 7: Effect of stress and strain on the cracking behavior of T24 specimens. 



 

 

4.1.3 Material condition 
No influence of the maximum determined hardness on crack formation could be detected. 
Several hundred measurements were carried out on cracked samples and uncracked 
samples. Lowest maximum hardness was 315 HV1 where cracks were found. Highest 
maximum hardness was 420 HV1 where no cracks were detected. 

Spot check analysis under same critical autoclave conditions on T22 and T23 material 
showed similar results as T24 material. Also multilayer welding under controlled welding 
conditions did not lead to crack free samples under chosen test conditions. 

 

4.1.4 Effect of ional copper impurities  
Other Jones specimens were exposed to different copper containing and copper free 
environmental conditions as summarized in Table 3 to determine an assumed effect of 
copper ions on the cracking of T24 material in high-temperature water. Therefore copper was 
solved in ammonia complex to adjust a dissolved copper content of 100 or 200 ppb, 
respectively, while the pH-value of the final test environment was 9.5 at room temperature to 
simulate AVT-conditions, [10], [11]. In each test run 3 Jones specimens were additionally in 
bimetallic contact to copper metal with freshly removed oxide scale, see Figure 8. 

Along the exposure time the corrosion potential of each specimen condition (blank specimen, 
blank coupon, specimen in contact with copper and coupon in contact with copper) was 
continuously measured against a temperature balanced Ag/AgCl-reference-electrode. A 
clear trend in all measured corrosion potentials over exposure time due to formation of the 
oxide scale was measured with a drift to more positive potentials. The corrosion potentials of 
specimens in copper free conditions had lowest corrosion potentials in comparison to 
specimens exposed to copper containing environments. However, the difference in the free 
electrode potential is very small. A slightly increased of the corrosion potential was measured 
by copper in the test solution in the range of approx. 40 to 60 mVSHE. The effect of copper on 
the corrosion potential is rather limited and it is therefore assumed that the effect of copper is 
limited to the contact area as for other galvanic elements. However, none of the Jones 
specimens failed due to cracking after an exposure time of more than 240 h, where other 
Jones specimens already failed if higher amount of dissolved oxygen was present in the test 
solution. 

Beside surface analysis in the SEM cross sections were prepared using a focused ion beam 
microscope in combination with analytical tools such as EDX analysis. In the cross cutting 
sections no crack formation was observed into the T24 material but in the scale layer from 
manufacturing process. The element analysis showed precipitates with significant Mn 
concentration in this scale layer but no crack starter were observed by FIB preparation. 

Table 3: Test matrix and environmental conditions of performed exposure tests. 

Test ID 

T pH t Cu DO Additional  
Copper wire 

Coupon 
specimen#) 

°C by NH3 
at 23 °C 

h ppb ppb None With BM*) WM+) 

1 180 9.5 > 240 100 < 20 3 3 1 1 

2 180 9.5 > 240 200 < 20 3 3 1 1 

3 180 9.5 > 240 0 < 20 3 3 1 1 
*) BM: Base Metal. 

+) WM: Weld Metal. 

#) The both coupon specimens remained within the autoclave for all the exposure test. Hence, the total 
exposure time of the flag specimens is summarized to more than 3 times 240 hours. 



 

 

 

  

a) Jones Specimen b) Corrosion Potential versus Time 

 

 

  

c) FIB cross cut of indications 
for EDX-analysis 

d) Corrosion Potential of T24 Jones specimens in 
copper containing high-temperature water in 
comparison to literature data, [12], [13] 

Figure 8: Exposure of Jones specimen in copper containing high-temperature water. 

 

4.2 SSRT tests in refreshing autoclaves 
The SSRT tests were generally split into two testing phases i) pre-oxidation and ii) SSRT 
testing. During the “pre-oxidation” the adjustment of stable water chemistry parameters is in 
focus, while during the SSRT test the stress-strain-curve is recorded by elongation of the 
tensile specimen. During the pre-oxidation phase an iron oxide scale is formed depending on 



 

 

the specific solubility of magnetite in oxygenated high-temperature water which is rather high 
in the temperature range between T = 120 to 200 °C depending on pH-value. 

The SSRT tests were started subsequent to the pre-oxidation phase. Hereby a constant 
extension rate of the transverse was correlated to the strain rate on the specimens with a 
gauge length of lo = 20 mm. With exception of the first SSRT test all other tests run until 
fracture of the tensile specimen. The elongation of the specimen was additionally measured 
by an internal extensometer. As assumed, the cross weld specimen showed high plastic 
deformation in the base material, which led in some cases to an incorrect measurement of 
the specimen elongation. That was caused by necking of the specimen in the base material 
and therefore a displacement of the extensometer relative to the specimen surface. Hence, 
all presented stress-strain-curves in this paper are based on the external displacement 
measurement outside the autoclave. 

Subsequent to specimen failure, the temperature of the test rig was decreased until room 
temperature to be able to open the autoclave unit. The broken specimen was disassembled 
from the clamping unit and analyzed by post test metallography. 

 

4.2.1 Effect of dissolved oxygen content 
The stress-strain-curves of T24 material tested at different dissolved oxygen contents of 
DO < 20, DO = 150 ppb and DO = 2000 ppb in specimen orientation “cross weld” are 
compared in Figure 9. The mechanical properties as yield strength and ultimate tensile 
strength varied depending on different specimens. The specimen orientation “cross weld” 
combines base material, heat affected zone and weld metal in one composite specimen. 
Since the base material has the lowest strength in this material composite, the plastic strain 
of the tensile specimen is mainly covered by the volume fraction of base material. However, 
the volume fractions may differ depending on specific tensile specimen what consequently 
affects the determined mechanical properties, mainly the ultimate tensile strength. That can 
be explained with different strain hardening effects depending on the base material volume 
fraction of T24 cross weld specimens. 

 

  

a) DO < 20 ppb versus 150 ppb b) DO = 2000 ppb versus 150 ppb 

Figure 9: Stress-Strain-Curves of T24 material in “cross weld” orientation depending on 
dissolved oxygen content. 

 

All specimens in “cross weld” orientation showed necking and final fracture in the area of the 
base material, see Figure 10. Since the heat affected zone and also the weld metal have 
higher strength most of the plastic deformation takes place in the base material. In strain-
induced cracking modes the amount of plastic strain is the driving force for crack formation 
and finally crack advance.  



 

 

The number of cracks in the gauge length at the specimen surface depends on the dissolved 
oxygen content. From literature it is known, that steels tested in oxygenated high-
temperature water shown an increasing number of cracks with increasing dissolved oxygen 
content indicating an increased contribution of the environmental impact on the crack 
initiation and growth mechanism, [14], [15]. That was also observed for the SSRT specimens 
of T24 material as summarized in Figure 10. 

 

   

   

a) DO < 20 ppb b) DO = 150 ppb c) DO = 2000 ppb 

Figure 10: SSRT specimen in “cross weld” orientation after test with significant necking in 
the base material depending on dissolved oxygen content. 

 

The fracture surface of the tensile specimens showed mixed fracture with intergranular 
fractions. At a dissolved oxygen content of less than 20 ppb, the cracking from the specimen 
surface seems to start as transgranular fracture. This very narrow zone forms a ring until the 
cracking mode changes to an “intergranular-like” cracking. In this area the different grains 
can be assumed in the SEM pictures (see Figure 11), but they also show corrosion due to 
exposure to the oxygenated high-temperature water. In the middle of the specimen a pure 
ductile fracture mode was determined with formation of dimples, which are in several cases 
filled with non-metallic inclusions as carbides and oxides. 

 

  

a) DO < 20 ppb, “cross weld” b) DO = 2000 ppb, “cross weld” 

Figure 11: Fracture surface of SSRT specimen after test at different dissolved oxygen 
content (T = 180 °C, d/dt = 10-6 s-1). 



 

 

4.2.2 Effect of heat treatment 
The determined stress-strain-curves of the heat treated specimen condition are compared to 
the as welded condition in Figure 12. No significant influence in terms of strength and 
ductility of the post weld heat treatment was observed based on the mechanical properties 
determined in the stress-strain-curve of these both specimens. 

But the stress-strain-curve for the T24 material in as-welded condition shows repeatedly 
increase of the stress leading to jags in the stress-strain-curve. The T24 specimen in heat 
treated material condition shows reduced number of jags. Those jags are known for 
materials with a pronounced hardening effect during plastic deformation. At a certain 
cumulative plastic strain the possibility of alteration in shape is used up due to the already 
high dislocation density. Further plastic deformation is only possible if an increased shear 
stress is moving the dislocations further. Since the ultimate tensile strength was already 
passed when those jags occur necking of the specimen and finally the fracture of the 
specimen is already active. Thus, this observation in the stress-strain-curve can be 
correlated to a somehow discontinuously crack advance. 

A post weld heat treatment can obviously change dislocation density and/or arrangement 
that the above described effect is reduced to only few jags in the stress-strain-curve and 
consequently to a lower susceptibility for strain localization. 

 

 

 

 

a) Stress strain curves b) Fracture morphology in a secondary crack 

Figure 12: Results from SSRT tests on T24 material in heat treated material condition at a 
dissolved oxygen content of DO = ^50 ppb (T = 180 °C, d/dt = 10-6 s-1). 

 

The metallography on the fractured specimens showed also no significant difference in the 
number of cracks on the specimen surface in the region of necking. The necking itself was 
observed for both specimens in the specimen orientation “cross weld” located in the base 
material but within the gauge length of the tensile specimens. 

The cracking of T24 tensile specimens starts with an environmental assisted crack initiation 
and predominantly transgranular crack advance in the base material. The crack morphology 
close to the position of crack initiation is transgranular, see Figure 12 b. EBSD analysis of 
secondary cracks confirm the intergranular crack advance in a certain crack depth as for the 
“as-welded” material condition due to significant crystallographic misorientation between the 
grains on the left and right side of the crack path. The final fracture of the specimen, located 
in the middle of the specimen, is ductile with formation of dimples during plastic deformation. 

However, the beneficial effect of the applied heat treatment (550 °C/24 h/air) on the tube 
mock-up before SSRT testing (initiating a significant reduction of residual stresses before the 





 

 

membrane wall is heated up for the first time during commissioning) led to a reduction of the 
discontinuous plastic flow of the material under forced continuous elongation. Since the 
SSRT test will lead to fracture anyhow, the beneficial effect is mainly the reduction of the 
driving force for plastic deformation during commissioning in combination with reduced 
inhomogeneous plastic deformation (reduced strain localization) of T24 material in heat 
treated material condition, see chapter 5. 

 

4.2.3 Testing of heat affected zone and weld metal 
For reasons of direct comparison of the specimen orientation “cross weld” to the “heat 
affected zone” and the “weld metal” additional SSRT specimens were manufactured of these 
both T24 material conditions. Therefore weld mock-ups were manufactured and tensile 
specimens were manufactured exclusively out of the material conditions “weld metal” and 
“heat affected zone” according to Figure 2. 

The position of the tensile specimen of “heat affected zone” was defined by micro hardness 
measurements, see Figure 13. The diameter of the used tensile specimen is 4 mm. The 
position of the tensile specimen axis was positioned on the fact, that a distance of at least 
2 mm (radius of tensile specimen) is needed to the transition from base material to heat 
affected zone. 

In Figure 14 the stress-strain-curves of T24 weld metal specimen and T24 heat affected zone 
material specimen are compared with a T24 material specimen in “cross weld” orientation. 
The strength of the T24 material specimen in the specimen orientation “cross weld” in terms 
of yield strength and ultimate tensile strength are significantly reduced in comparison to the 
weld metal and slightly reduced in comparison to the heat affected zone condition. One of 
the T24 specimens indicated with “heat affected zone” showed same stress-strain-curve as 
the weld metal. A metallographic section confirmed that for specimen WEZ.8.2 the specimen 
was located fully in the fine grained heat affected zone, while for specimen WEZ.7.8 a 
significant volume fraction of weld metal was tested simultaneously and led to the increases 
yield strength (see Figure 13). 

 

 

 

 

Figure 13: Hardness measurements on T24 weld mock-ups along a line from base material 
over heat affected zone into weld metal. 
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a) --curves of HAZ versus “cross weld” b) EBSD analysis of secondary crack 

Figure 14: Results from SSRT tests on T24 heat affected zone in as welded condition at a 
dissolved oxygen content of DO = 150 ppb (T = 180 °C, d/dt = 10-6 s-1). 

 

In direct comparison, the total elongation of the “cross weld” specimen is also decreased 
which is based on the fact, that the cumulative strain in the volume fraction “base material” of 
a “cross weld” specimen is much higher than in the tensile specimens with pure “weld metal” 
or “heat affected zone” conditions. A once formed crack in a “cross weld” specimen at the 
position of base material is triggered to grow into depth and reduces the total elongation. 

Comparing the T24 heat affected zone with the T24 weld metal specimen a slightly higher 
strength for the heat affected zone specimens is found. That observation is in accordance 
with the performed hardness measurements across a line from base material over heat 
affected zone into the weld metal. A localized hardness maximum was determined at the 
location of the heat affected zone for the used weld mock-ups, see Figure 13. 

The fracture of the both T24 specimens manufactured from either pure “weld metal” or “heat 
affected zone” is located nearly in the middle of the gauge length, while the fracture of the 
T24 specimen in “cross weld” orientation is located in the base material, see Figure 15. 

 

 
  

   

a) T24 cross weld b) T24 weld metal c) T24 heat affected zone 

Figure 15: SSRT specimen in different material conditions: “cross weld”, “weld metal” and 
“heat affected zone” after testing at a dissolved oxygen content of DO = 150 ppb 
(T = 180 °C, d/dt = 10-6 s-1). 



 

 

The crack morphology of a secondary crack in T24 heat affected zone specimen is 
transgranular until a certain depth of crack advance. Then as for other material conditions of 
T24 material a transition from transgranular to an intergranular-like fracture mode was 
observed by SEM analysis. However, the orientation of the fracture under an angle of 
approx. 45° to the specimen axis (which is also the tensile axis during SSRT test) in 
combination with a decreased reduction in area and the absence of a typical cup-cone 
fracture underlines the assumption, that the transition from transgranular fracture to an 
intergranular fracture is based on the three-axial stress state in the specimen in combination 
with sufficient strain hardening and localized plastic deformation in the tensile specimen. A 
discontinuous flow of the T24 heat affected zone material was observed due to the stress-
strain-curve beyond the total elongation correlated to the ultimate tensile strength was 
passed. Since crack initiation under environmental conditions occurs at a load of approx. 
90 % of the ultimate tensile strength the observed jags must be linked to a discontinuous flow 
during crack advance. Indications similar to rest lines on the fracture surface confirm the 
discontinuous plastic deformation during forced elongation. 

 

4.2.4 Material comparison 
Finally the stress-strain-curves of the both heat exchanger tube materials T24 and T12 are 
compared in Figure 16. They show that the total elongation at fracture of T24 material is 
lower than for T12 material specimens in cross weld orientation (approx. 3 to 4 %). The 
ultimate tensile strength of the T24 material specimen in cross weld orientation is already 
reached at a total strain of approx. 4 % while for the T12 material in same specimen 
orientation the ultimate tensile strength is correlated with a total strain of approx. 8 %. 
Therefore, it is concluded that the strain hardening of T24 material is much more pronounced 
as for T12 material leading to the discontinuous plastic flow of T24 material specimens. 

This conclusion is supported by the stress-strain-curve of T24 material decorated with jags in 
the measured stress. The jags have an amplitude of approx.  = 10 to 20 MPa. The stress-
strain curve of T12 material is not decorated by those periodic jags but serrations were 
observed which indicate, that instable flow due to dynamic strain ageing (DSA) is affecting 
the plastic deformation behavior of T12 material. However, the susceptibility of T12 material 
to DSA is not high enough to increase the susceptibility to environmental assisted cracking 
as it was observed for other carbon and/or low alloy steels, [16], [17]. 

The fracture surfaces of T24 and T12 material at a dissolved oxygen content of 
DO = 150 ppb differ in their transition from transgranular to intergranular-like fracture. While 
for the material T12 a fully transgranular crack morphology was observed, for material T24 a 
transition from transgranular to intergranular-like fracture was observed in a certain crack 
depth. The analysis of the crack path by EBSD technique showed, that the secondary cracks 
in T24 material are intergranular after the crack reached a certain crack depth (see 
Figure 14) while the fracture surface and metallographic sections of the T12 reference 
material showed all indications for fully transgranular crack initiation and growth, see also 
Figure 16 b. 

Based on those above described results the specific microstructure of T24 material leads to 
increased localized plastic deformation in combination with temporary blockage of 
dislocations and increase of shear stresses. With respect to crack growth models for pre-
deformed materials (cold worked microstructures) an effect of grain boundary gliding is 
assumed to cause the intergranular-like cracking actively strained T24 material specimens. 

 



 

 

 

  

a) Stress-strain-curves for T12 and T24 b) T12 cross section with SICC 

Figure 16: Results from SSRT tests on T12 reference material at a dissolved oxygen 
content of DO = 150 ppb (T = 180 °C, d/dt = 10-6 s-1). 

 

5 Discussion 

5.1 Dissolved oxygen content 
The corrosion potential of material in electrolyte strongly depends on the specific 
environmental conditions. Despite other parameters, the dissolved oxygen content is one of 
the most important parameter which influences the corrosion potential of steels in aqueous 
environments. Several thresholds are known for e.g. stress corrosion cracking of materials in 
oxygenated high-temperature water. Figure 17 shows the dependence of the corrosion 
potential of T24 and T12 material measured during the here discussed tests in correlation to 
some literature data of austenitic stainless steel and low alloy steels (LAS), [12], [13]. 

For material T24 – as for other LAS – the transition from so-called “oxidizing” environmental 
conditions with a corrosion potential at test temperature of more than approx. -200 mVSHE to 
so-called “reducing” environmental conditions with a corrosion potential below this threshold 
is between a dissolved oxygen content of 100 to 10 ppb. Hence, with increasing dissolved 
oxygen content beyond 100 ppb and more the effect of increasing dissolved oxygen on the 
further increase of the corrosion potential is negligible. In this region the corrosion potential is 
in the range of 100 to 200 mVSHE. Beside the dissolved oxygen content other parameters as 
the temperature and the flow velocity has some influence on the exact position of this 
transition region. The coarse position of this transition remains between DO = 10 to 100 ppb. 

This result shows that the T24 material does not show some abnormal behavior with respect 
to the corrosion system LAS in oxygenated high-temperature water. 

5.2 Reduction in area 
The influence of dissolved oxygen on the fracture of tensile specimens in SSRT test was 
determined in the past by several authors, e.g. [15]. They determined a decrease of the 
reduction in area with increasing dissolve oxygen content. The reason for this material 
behavior is based on the corrosion impact on the crack formation and finally fracture mode of 
the materials. With increased dissolved oxygen content the impact of environmental affects 
on the crack formation increase. Hence, the number of cracks at the specimen surface 
increases beside the main crack which finally leads to fracture of the specimen at reduced 
reduction in area, see Figure 18. 



 

 

 

Figure 17: Corrosion potential of T24 and T12 material in different material conditions (as-
welded, heat treated, weld metal and heat affected zone) in oxygenated high-
temperature water depending on the dissolved oxygen content; constant test 
parameters for all SSRT tests: T = 180 °C, pH = 9.5; comparison with literature 
data, [12], [13]. 

 

 

Figure 18: Normalized reduction in area (Reduction in area in air = 100 %) of tensile 
specimens tested in oxygenated high-temperature water depending on the 
dissolved oxygen content; constant test parameters for all SSRT tests: T = 
180 °C, pH = 9.5; Comparison with literature data, [14], [15]. 



 

 

The comparison in Figure 18 to results from SSRT tests on other materials show, that the 
principle dependence from the dissolved oxygen content is nothing specific for T24 or T12 
material but can be observed for all carbon and low alloy steels if they are tested under 
similar environmental conditions (T = 150 to 250 °C, d/dt = 10-4 to 10-7 s-1). This is a clear 
indication that the applied test conditions with positive strain rate have led to a strain induced 
cracking mode of the tested T24, T12 and other low alloy steels. 

6 Summary and Conclusion 
The performed exposure test in static autoclaves and SSRT tests under simulated feed water 
conditions – relevant for fossil fired power plants – showed that the susceptibility of material 
T24 to environmental degradation is mainly driven by the dissolved oxygen content. Fully 
intergranular cracking was observed in passively loaded bending specimens when 
oxygenated environmental conditions were applied. For actively strained specimens the 
crack morphology is starting transgranular while the crack advance is intergranular under 
both applied conditions AVT and OT, respectively.  

The reduction in area which is a rather good indicator for potential susceptibility to SICC at 
certain dissolved oxygen content is almost the same for T24 tested under AVT and OT 
treatment. The values of OT treatment of the heat affected zone specimens are at the lower 
bound, which is an indication that the heat affected zone may show some higher 
susceptibility in the field at OT conditions in comparison to AVT conditions. 

For all T24 material conditions tested under OT conditions a stronger decrease of the 
reduction in area was observed if the dissolved oxygen content is increasing from 
DO = 150 ppb to DO = 250 ppb. That gives evidence that the action level 1 of the VGB 
requirements shall prevent from failures due to increased dissolved oxygen in combination 
with local straining. Hence, it must be strictly recommended that the dissolved oxygen levels 
during normal operation are in the required ranges means below DO = 150 ppb or lower for 
T24 materials as well as for other carbon and low alloy steel grades. 

The effects of environmental assistance during cracking of T24 based on the occurrence of 
the fracture surface seem to be most pronounced by heat affected zone specimens. In this 
material condition the “cleavage-like” or “intergranular-like” cracking is most pronounced. 
Therefore it is of high importance to describe the microstructure of T24 material in membrane 
wall welds more precisely. Another explanation of the cracking of the bainitic microstructure 
with “IG-like” fracture surface may be the cracking along previous austenite grain boundaries 
decorated with e.g. precipitates as carbides and/or nitrides. 

The discontinuous plastic straining of cross-weld specimens under conditions with increased 
iron solubility reveals that the repassivation of freshly formed iron surfaces by continuous 
straining is significantly reduced. The here applied parameter combination in terms of strain 
rate, temperature and pH-value led to mechanical deformation where the strain localization 
gets well pronounced beside the corrosion effects of dissolved oxygen content. 

The taken countermeasures to significantly reduce the residual stresses by an additional 
stress relief heat treatment of the whole assembled boiler structure reduces the driving 
forces for straining since the necessary shear stresses may not be exceeded depending on 
the local Taylor factor. That this countermeasure is a sufficient mitigation technique was 
demonstrated by heat treated Jones specimens tested at dissolved oxygen content of  
DO = 150 and 250 ppb, where in non heat treated material condition intergranular cracks 
occurred. 

Environmental assisted cracking of carbon and low alloyed steels in oxygenated high-
temperature water occurs, if for material, environment and load critical parameters are 
simultaneously applied. Consequently no general susceptibility of the T24 material to suffer 
cracking exists, but a certain susceptibility to strain induced degradation in oxygenated high-
temperature water. Nevertheless, the here summarized tests on T24 material conditions give 



 

 

clear evidence, that the risk to suffer strain induced corrosion cracking is significantly 
reduced by already applied countermeasures in the field: 

 Avoid strain transients with positive strain rates and local strain beyond the fracture 
strain of the oxide scale and no critical strain rates in the range of d/dt = 10-6 s-1. 

 Adjustment of low dissolved oxygen contents below action levels of VGB Guideline 
R405L or VGB-S-010-T-00 and strict compliance with water chemistry specifications. 

 If the temperature range between T = 100 °C and 250 °C has to be passed by plant 
operational conditions the AVT treatment shall be applied. 

 OT treatment for optimization of the iron content in the water steam circuit or 
reduction of ammonia consumption shall only be applied up to dissolved oxygen 
contents of e.g. DO = 60 to 80 ppb (halve the action level of VGB guideline R405L) to 
assure that the iron dissolution and the corrosion potential of the T24 material is 
rather low. 
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Abstract 
This paper describes results of various investigations and tests that have been performed in 

connection with the manufacturing and the site-assembly of membrane walls made of T24 in the 

new ultra-supercritical boiler in GKM Unit 9: 

 Studies of the effects of different temperatures in the root pass region of the butt welds and 

their dependence on welding processes and parameters 

 Changes of the microstructure and their influence on hardness depending on the temperatures 

measured 

 Tests of local heat treatment of tube butt welds in membrane walls under site conditions 

 Tests of samples similar to the components under loading conditions similar to those in service 

in order to identify critical parameters that influence the cracking of the welds 

 Analytical simulation by means of finite element stress analyses and estimation of residual 

stresses and strains of butt welded tubes 

 Metallographic examination of cracks in order to clarify the failure mechanism. 

 



 

 
   

1 Introduction 
In the early 1990s Grade 7CrMoVTiB10-10 (T24) was developed in Europe mainly for the use in 

membrane walls of ultra-supercritical, coal fired boilers in order to significantly increase plant 

efficiency and reduce specific CO2-emissions. It was derived from the well-known and widely used 

Grade 10CrMo9-10 (T22). The steel combines excellent creep strength at higher temperatures – 

caused by a modified chemical composition – with an improved weldability after a reduction of 

carbon. Low carbon contents also lead to limited increases of hardness in the heat affected zone 

(HAZ) and the weld metal deposit. For this reason, boiler tubes, complying with the applicable 

Code, can be welded without a post weld heat treatment (PWHT). This is a great advantage as for 

the assembly of membrane walls mandatory PWHT must be considered as a complex and 

technically challenging undertaking with the risk of additional local stresses/strains.  

On the basis of wide-ranging analyses and tests carried out by various organisations e. g. VGB, 

VdTÜV, MPA etc., T24 has been qualified for Code application. As a result of this, T24 and all 

corresponding procedures and standards (especially with regard to T24 welding) have been 

specified in detail by EN and VdTÜV. For the new boiler GKM Unit 9 the manufacturer and GKM 

comply with those applicable standards and specifications.  

T24 has been used for membrane walls in several new European steam generators. In 2010 

public reports became available about T24 tube weld cracking during the commissioning phase of 

some of these newly built boilers. Stress corrosion cracking was reported as failure mechanism 

and additional investigations identified the evaporator as the most critical area.  

After publishing the detection of cracks in tube butt welds of this steel, an intensive discussion 

started between the power plant operators, the boiler manufacturers, the steel and weld metal 

manufacturers and the research institutes. GKM and MPA often supported by the boiler 

manufacturer started several investigations in order to decrease the failure risk in the T24-

components of the new boiler GKM Unit 9. In cooperation with the boiler manufacturer optimised 

measures, based on the results of the investigations and frequently additionally to the applicable 

code, were specified for welding and testing during fabrication and assembly and also for 

commissioning the new boiler GKM Unit 9.  

Numerous optimised measures were already successfully applied during the fabrication and 

assembly of the T24 membrane walls of the ultra-supercritical boilers in Neurath and Westfalen. 

Until now, T24 membrane walls of both plants have not shown any stress corrosion cracking.  



 

 
   

2 Basic Material Information on Grade T24 
T24 was developed on the basis of T22 (10CrMo9-10) [1], [2]. Compared to T22, V, Ti and B were 

additionally alloyed in order to increase creep rupture strength. Another objective was to limit the 

hardening of the steel during welding in order to avoid PWHT. For limiting hardness increase 

during welding caused by martensite, one of the measures was to limit the maximum C-content to 

0.10 %. Another cooling rate related measure was to alloy elements like V and Ti in order to bind 

the carbon far above Ms as special carbides. These carbides result in a reduction of free carbon in 

the metallic lattice and inhibit the formation of martensite. 

The continuous cooling transformation (CCT) curve of T24 basic material for a heat with C=0.08% 

is shown in Fig. 1 [1]. On this basis the bainite area is crossed with the result that a relatively low 

amount of martensite is formed. 

 

Fig. 1: CCT-curve of Grade T24 [1] 

 

T24 shows similar transformation behaviour to the initial steel T22. In [1] it is explained that the 

transformation in the ferrite/carbide step only happens at a very low cooling rate. If the cooling rate 

is high, martensite with a maximum hardness of 360 HV10 is formed, Fig. 1. In the range of 

medium cooling rates a mixture of bainite and martensite is formed. According to [1], [2] for the 

range mentioned, the hardness is supposed to be approximately 315 HV10. According to [3], T24 

is delivered normalized/hardened and tempered. Normalizing/hardening is carried out at 980-

1020 °C and tempering at 730-760 °C. On that condition hardness values are specified in the 

range of 175-260 HV10. The microstructure shows bainite and tempered martensite. 

 



 

 
   

For welding without PWHT the existing CCT curves are only characteristically applicable as 

austenitization temperatures and times in the welding cycle cannot be compared with the 

homogeneous heat treatment conditions shown in the CCT diagram. 

If improper welding parameters are applied for T24 a high percentage of martensite in the HAZ 

and in the weld metal deposit can be formed. Welding below the maximum tolerable interpass 

temperature of 280 °C [3] does not improve the material condition in respect of its martensitic 

percentage. Increased heat input expands the coarse grain area of the HAZ. This effect is 

primarily negative for the weld quality. While butt welding tubes with a thin wall thicknesses there 

is a very high risk of transformed microstructure with a high percentage of untempered martensite 

in the weld metal deposit and the HAZ. In the area of the HAZ close to the fusion line there are 

remarkable differences in the hardness values predicted in the CCT diagram.  

3 Use of Grade T24 in GKM Unit 9 

3.1 Fields of Application 

For GKM Unit 9, currently under construction, and designed with the operation parameters 

600 °C/296 bar for SH-outlet and 610 °C/64 bar for RH-outlet, T24 is used for the hanger tubes 

and the membrane walls. The spiral part of the walls, with the upper part made of T24, has the 

function of an evaporator whereas the vertical part of the T24 membrane walls serves as the first 

superheater. All T24 pressure parts are designed for operation in the creep range. According to 

the applicable code and standards, post weld heat treatment (PWHT) is not mandatory. Only at 

the highly loaded transition pieces between the spiral and the vertical walls with a high 

concentration of manual welds workshop PWHTs were performed in order to reduce residual weld 

stresses to a minimum. This measure was decided in cooperation with GKM at an early stage of 

the project as well as for other projects independently from any discussion about the use of T24 in 

the boiler business. 

3.2 Specific Quality Assurance Measures 

Regarding design and manufacturing, membrane walls belong to the most sophisticated 

components of a boiler. Particularly the use of T24 tubes without PWHT requires optimised design 

and manufacturing with low stresses. Amongst others some important prerequisites for a low 

stress performance are listed below: 

 Assignment of welders particularly skilled and trained with the focus on specific T24-related 

requirements  



 

 
   

 Continuous training and instruction of the assigned welders and exchange of their experience  

 Welding procedure specifications (WPS) with specific welding variables for heat control, layer 

build-up, welding sequence, pass start, root backing etc. always considering the results of the 

welding procedure qualifications (WPQ)  

 Permanent and thorough welding supervision 

4 Experimental Investigations on Heat Input during Welding 
For properly TIG-welded connections between T24 boiler tubes, basically multi-layer technique 

with more than two layers must be applied. Each consecutive run leads to an additional heat input 

into the welded root, into the welded passes and into the already existing heat affected zones 

(HAZ). This either can cause a complete resp. a partly transformation of the microstructure if Ac1 is 

exceeded or can lead to tempering and/or stress relieving effects. Depending on the applied 

welding technique the root, the formerly welded passes and the HAZs can be hardened by 

martensite and/or bainite. In case of boiler feed water contact those microstructures can be 

sensitive against corrosion cracking.  

TIG butt welding experiments with T24 boiler tubes have shown that optimized welding variables 

can cause temperatures in the root area that lead to a microstructure optimization and 

consequently to a significant reduction of hardness far below 350 HV10. 

As a proof that the hardness reduction is related to a tempering effect of martensitic structures in 

the welded area, transmission electron microscopy (TEM) investigations were performed by MPA. 

Compared to an overheated weld high concentrations of carbide precipitations were found in the 

root pass area of an optimized welded connection. The results showed that there is a tempering 

effect accompanied with carbide precipitates in the root pass area is present.  

To verify the output of the experimental investigations mentioned, further demonstration welding 

tests were performed by GKM and MPA.  

In order to learn more about heat input, temperature profile and time flow during welding, MPA 

welded representative longitudinal multi-layer butt welds (see Fig. 1) and measured temperature 

versus time on the root surface using several thermocouples (“T”) during welding of the runs 2 to 

5. The results for a 5 run-joint are shown in Fig. 2, Fig. 3 and Fig. 4.  



 

 
   

 

 

Fig. 2: Schematic welding seam with 
numbered runs and thermocouples 
positioning on the inner root pass 
surface; welding position: PC; welding 
direction: T5  T1  T2 ( T3) 

 

It is accepted that the thermal profile of a longitudinal butt weld is different from a close loop 

circumferential butt weld. Nevertheless an attempt was made to show the temperature profile of a 

multi-pass weld with the beneficial effect of each pass with moderate heat input towards tempering 

of the previous pass and its HAZ. So microstructure transformation of the root pass area can be 

avoided. 

 

 

Fig. 3: Temperature vs Time for 
thermocouple 5 
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Fig. 4: Temperature vs Time for 
thermocouple 1 

 

 

 

Fig. 5: Temperature vs Time for 
thermocouple 2 

 

 

5 Changes of Precipitate Structure by Heat Input 
TEM-investigations were carried out on various base material samples with different heat 

treatments after hardening as well as on welded connections in order to describe their precipitate 

structure. Replica were used for characterization by means of a transmission electron microscope 

type JEOL JEM-2000FX. The identification of the precipitations was performed by energy 

dispersive X-ray spectroscopy (EDX). In Table 1 a summary of the measured results is shown. 
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No. Condition Hardness 
[HV10] 

Precipitations 

1 
Base material: 

1060 °C/30 min/water 
386 Mo-rich M2C and Ti-rich MX 

2 
Base material: 

1060 °C/30 min/water + 
500 °C/5 min/air 

375 

Increase of number and coarsening of fine Fe3C 
precipitations with increasing temperature and 
heat treatment time  
 

3 
Base material: 

1060 °C/30 min/water + 
500 °C/30 min/air 

379 

4 
Base material: 

1060 °C/30 min/water + 
600 °C/5 min/air 

371 

5 
Base material: 

1060 °C/30 min/water + 
600 °C/30 min/air 

375 

6 
Base material: 

1060 °C/30 min/water + 
700 °C/5 min/air 

349 Fe3C, M23C6, M7C3, fine MX (V; Mo; Ti) 

7 
Reference 

Base material: 
1060 °C/30 min/water + 

700 °C/30 min/air 
312 M23C6, M7C3, fine MX (V; Mo; Ti) 

8 
Base material: 

1000 °C /10 min/water 
364 Ti-rich MX 

9 
Base material: 

1000 °C /10 min/water + 
470 °C/48 h/air  

365 Fe3C, Mo-rich M2C, fine MX (V; Mo; Ti) 

10 
Tube butt weld with very 

high heat input  

max. 380  
(HAZ  
root) 

HAZ root area: Low density of Fe3C and Mo2C 
(> 75 nm particle diameter), medium density of 
fine Fe3C. 

11 
Tube butt weld with 
optimized welding 

variables  

max. 270-
290 (HAZ  

root) 
HAZ root area: M23C6, M7C3, fine MX (V; Nb) 

 

Table 1: Summary of TEM-results 

 

The summary shows that heat treatment (HT) temperatures between 470 and 700 °C cause 

precipitating of C as Fe3C with stress relieving effects of the martensitic lattice. However, there is 

no or only a very limited effect on the hardness depending on the HT-temperature. Precipitating 

can already be found at 470 °C after long holding times. A short time heat treatment generates a 

comparably low number of precipitations. The precipitating effect is increased by longer holding 

times and /or increasing temperatures. 



 

 
   

In optimized welded connections the high number of very fine V- and Nb-rich precipitations in 

connection with M23C6 shows that there had been a temperature above 700 °C which also has 

influenced the hardness [4]. 

The investigated heat does not show any secondary hardening as demonstrated in Fig. 6.  

It can also be seen that hardness starts to respond to the above mentioned precipitations in the 

microstructure only during heat treatment or aging temperatures ≥ 600 °C. 

 

 

Fig. 6: Hardness profiles after aging at various temperatures (starting condition 
1060 °C/10 min/water) 

 
Fig. 7 shows the effect of heat treatments at 500 resp. 600 °C (2 h HT-time) more clearly: 

Compared to the sample T4 without heat treatment (1060 °C/10 min/water), both the yield strength 

as well as the tensile strength decrease whereas no increase of the capability of deformation can 

be observed.  
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Fig. 7: Slow warm tensile tests (rate v=0,000001 – 0,000005 1/s) at 200 °C 
 

6 Experimental Investigations for Reproduction of the Failure 
Mechanism 
Important for the experimental reproduction of the failure mechanism is the realization of the 

loading situation close to reality. Therefore tests on connection welded tubes of T24 with internal 

pressure and additional tensile loading longitudinally to the tube axis make no sense at all 

because the yield strength of the parent material is lower than those of the HAZ or of the 

transformed microstructure of the welded metal. For this reason all plastic deformation occurs in 

the base material. The same is applicable to tensile test samples having parts of parent 

material/HAZ/welded metal in the same section of the measuring length. Although a cross-section 

reduction in the area of HAZ/welded metal enables a shift of deformation to these zones, due to 

the radii to the base material, however, there are superposed notch effects that locally affect an 

inhomogeneous stress condition 

The problem with so-called C-ring-testing is that the forced driving of a V-wedge into the sample 

leads to a singular deformation in the absence of the possibly crack initiating feed water. 

Afterwards, however, the local stress can only reach the level of the yield strength.  
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For this reason - after experimental investigations on components - tests either of samples similar 

to membrane walls, or of C-ring samples with constant resp. with cyclic loading or of 

homogeneous tensile test samples with cyclic loading were performed. 

Testing samples similar to components is very complex. The results are only difficult to reproduce 

in rare cases [4]. 

Testing standard C-ring samples can be done by means of CERT-tests in an autoclave. An 

example of a result can be seen in Fig. 8. The tests were performed at 180 °C with NH4OH-

conditioned and air-saturated feed water. A force-elongation diagram was recorded. An FEA as 

described in section 7 supplied similar local stresses to those of the transversally stressed 

components.   

  

 

Fig. 8: C-ring-sample with cracks; multi-layer (> 3 layers) butt weld without preheating, max. 
hardness in root weld metal deposit: 374 HV10, in HAZ: 379 HV10; feed water pH 9.5 
(NH4OH), air-saturated, 180°C/10 bar; CERT test: 50 h with v=0,07 mm/h 

 



 

 
   

In addition, low cycle fatigue (LCF) tests in autoclaves were performed with smooth samples from 

base metal with different heat treatments, Fig. 9. By this kind of load and strain-controlled testing it 

is possible to exactly control the load level or the local stress. It enables the detection of a possible 

crack initiation. The crack forming mechanism could be reproduced without any problems by 

testing in oxygen-rich water between 180 and 300 °C, Fig. 10. Due to the introduction of the LCF-

C-ring testing method, no LCF-testing with smooth base metal samples in low oxygen feed water 

was carried out.  

 
 

Fig. 9: Recorded plot of a strain-controlled LCF-sample, crack initiation during 2nd cycle 
 

 T24 base material; heat treatment: 1300 °C; feed water: 240 °C/70 bar; strain: ca. 3 % 
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Fig. 10: Metallographic result of an LCF-sample (heat treatment: Gleeble 1300 °C over-heating 
cycle) 

 
Based on the results of the CERT tests of C-ring samples and of the LCF-tests of smooth base 

material samples LCF-C-ring tests of samples made of solely hardened base material and of 

circumferential joints welded with various variables were developed. Schematic sketches are 

shown in Fig. 11 and Fig. 12. 

 

  

Fig. 11: Sample for LCF-C-ring-tests with welded seam or made of hardened base material  
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Fig. 12: Schematic sketch of LCF-C-ring testing with a sample in feed water  

 

The advantage of a C-ring sample is that the expansion of the sample securely leads to tensile 

stresses and strains in the areas which are close to the inner surfaces of the base materials, the 

HAZs and the welded metal. Due to the geometric conditions and the microstructure 

inhomogeneities of the welded joint area, however, it is difficult to estimate the particular values of 

the local stresses and the plastic deformations. Despite of that this kind of sample together with 

the adjustable test parameters allow to image the real load of circumferential joints in membrane 

walls during the warm commissioning of a steam generator close to reality as the calculations of 

the local stress-strain-conditions in section 7 demonstrate.  

For the various heat treatment conditions LCF-C-ring tests with base material samples were 

carried out at 180 °C. In one case of the parameter sets, the feed water used was air-saturated, in 

the other case it contained less than 20 ppb solved oxygen at room temperature. After a maximum 

of 150 cycles the tests were terminated and the surfaces of the samples were investigated for 

cracks by surface crack detection examination (MT). An example of a sample with cracks is shown 

in Fig. 13.  



 

 
   

  

  

Fig. 13: C-ring-sample with cracks, hardened base material: 1000°C/10 min/water; max. 
hardness: 364 HV10; feed water pH 9.5 (NH4OH), oxygen content < 10 ppb, autoclave 
180°C/13 bar; max. strain 2%,138 strain controlled cycles 

The tests performed up to now have shown that C-ring samples made of hardened T24 base 

material are sensitive to cracking at 180 °C independently from the solved oxygen content. The 

sensitivity completely disappears if the hardened base material is heat treated at 730 °C in 

compliance with the applicable code. Hardened base material samples additionally tempered at 

470 °C resp. 520 °C over a period of 48 h did not show any cracks after 150 strain cycles neither 

in air-saturated nor in oxygen poor feed water. 

MPA is still performing C-ring tests of samples with welded joints. Results can only be published 

after finalization of the testing sequence. 

7 Calculation of Local Stress-Strain-Situation in Welded Joints of 
Membrane Wall Similar Samples  
The local stress condition of samples with welded joints was calculated by means of elasto-plastic 

FEA. As an example Fig. 14 shows the plot of the maximum principal stress in the sample with 

internal pressure, end cap pressure load and additional load transverse to the tube axis. 



 

 
   

 
 

Fig. 14: Plot of the maximum principal stress at an axial load of 400 kN 
 

The area with the highest stress and strain is located at the inner surface in the middle section of 

the tube between the welded fins (in a position 90° to the fin-weld). In this region of the tube 

plastic strains in the range of 1.5 % to 3 % as well as stresses as high as 1000 MPa with a high 

multi-axial stress state were estimated in the test samples. In most of the cases this confirms the 

location of cracks observed in plants and in tests. However, the test sample has a high additional 

transverse load considerably above of that in the normal water-wall in service. 

8 Summary and Conclusion  

 Processing T24 to components requires additional quality ensuring measures which have to be 

continuously controlled. In order to guarantee the safety of the components membrane walls in 

ultra-critical steam generators advanced specifications and measures have to be applied. To 

minimize the risk of cracks especially during butt welding of tubes exposed to pressure 

optimized welding parameters for manufacturing and site assembly have to be applied. 

 Due to the precipitation of C as Fe3C a heat treatment or tempering with temperatures in the 

range 470 - 600 °C lead to a slight relieve of the microstructure. The precipitating effect starts 



 

 
   

already below 500°C with a comparably low number of precipitations and increases at higher 

temperatures. This effect can hardly be measured by a change of hardness values caused by 

untempered martensite in the critical zones. Tensile testing, however, shows remarkable 

differences of the strength properties. By increasing the heat treatment temperature at the 

same time the stress relief increases as consequence of the lower warm tensile value.  

 The investigations performed show that the crack formation in T24 weld joints is reproducible 

by experiments. A proper method for this is the C-ring-sample technique developed by MPA 

which is suitable for the screening test for the sensitivity to intergranular cracking or 

embrittlement in the grain refined areas of the HAZs and the welded metal. Intergranular 

cracking which was typical for the plant failures can be reproduced in feed water and in 

samples with an untempered martensite microstructure if, at the same time, high local stresses 

or strains occur. In case of a sensitive material state, low feed water oxygen concentrations do 

not prevent crack formation. 

  



 

 
   

References 

[1] The T23/T24 Book; New Grades for Waterwalls and Superheaters; Vallourec & Mannesmann 

Tubes, 2nd Edition, October 2000. 

[2] R. U. Husemann: Abschlussbericht und Zusammenfassung der Ergebnisse des FDBR/VGB- 

Forschungsvorhabens „Qualifizierung von Werkstoffen zum Einsatz in Dampf-

erzeugungsanlagen mit erhöhten Temperaturen“ AVIF A 77. 

[3] VdTÜV Werkstoffblatt WB 533/2, 09.2011, Verband der TÜV e. V. 

[4] K. Maile, A. Klenk, J. Böse, A. Helmrich, A. Kopp, K. Metzger: „Werkstofftechnische Unter-

suchungen von T24-Schweißverbindungen“; 38. VDI-Jahrestagung „Schadensanalyse in 

Kraftwerken“, Würzburg 2012  

 

  



 

 
   

Figures 

Fig. 1: CCT-curve of Grade T24 [1] ............................................................................................... 4 

Fig. 2:  Schematic welding seam with numbered runs and thermocouples positioning on the  

inner root pass surface; welding position: PC; welding direction: T5  T1  T2 ( T3) .... 7 

Fig. 3:  Temperature vs Time for thermocouple 5 .......................................................................... 7 

Fig. 4:  Temperature vs Time for thermocouple 1 .......................................................................... 8 

Fig. 5:  Temperature vs Time for thermocouple 2 .......................................................................... 8 

Fig. 6:  Hardness profiles after aging at various temperatures (starting condition 

1060 °C/10 min/water) ..................................................................................................... 10 

Fig. 7:  Slow warm tensile tests (rate v=0,000001 – 0,000005 1/s) at 200 °C ............................. 11 

Fig. 8:  C-ring-sample with cracks; multi-layer (> 3 layers) butt weld without preheating,  

max. hardness in root weld metal deposit: 374 HV10, in HAZ: 379 HV10; feed water  

pH 9.5 (NH4OH), air-saturated, 180°C/10 bar; CERT test: 50 h with v=0,07 mm/h ......... 12 

Fig. 9:  Recorded plot of a strain-controlled LCF-sample, crack initiation during 2nd cycle ......... 13 

Fig. 10:  Metallographic result of an LCF-sample (heat treatment: Gleeble 1300 °C  

over-heating cycle) ........................................................................................................... 14 

Fig. 11:  Sample for LCF-C-ring-tests with welded seam or made of hardened base material ...... 14 

Fig. 12:  Schematic sketch of LCF-C-ring testing with a sample in feed water .............................. 15 

Fig. 13:  C-ring-sample with cracks, hardened base material: 1000°C/10 min/water; max. 

hardness: 364 HV10; feed water pH 9.5 (NH4OH), oxygen content < 10 ppb,  

autoclave 180°C/13 bar; max. strain 2%,138 strain controlled cycles ............................. 16 

Fig. 14:  Plot of the maximum principal stress at an axial load of 400 kN ...................................... 17 

 



Investigation on Crack Propagation Behaviour  
in Welded Waterwall Tubes 

D. Siegele (1), I. Varfolomeev (1), S. Moroz (1), M. Schlesinger (1), H. Riedel (1),  
D. Hettkamp (2), A.-R. Jost (2)  

(1) Fraunhofer IWM, (2) Hitachi Power Europe GmbH 

39th MPA-Seminar 
October 8 and 9, 2013 in Stuttgart 

 
 

 

 

 

 



Abstract 
Fracture mechanics based safety assessment of welded waterwall tubes is performed in 
order to quantify the propagation behaviour of existing or postulated defects in welds. The 
tube bundles are subjected to internal pressure, dead weight and welding residual stresses 
(WRS). The residual stresses were determined by the numerical simulation of the welding 
process and verified by X-ray measurements. At operation temperature above 500 °C, the 
lifetime of the tubes is mainly controlled by creep. Therefore, the relevant material properties 
of the base and weld metal, especially the relaxation behaviour and creep crack growth 
rates, were experimentally determined providing a basis for the numerical stress simulation 
and assessment of the propagation behaviour of postulated flaws at highly loaded locations. 
The experimental characterization of the weld metal included two types of welding employed 
in the manufacture process – sub-merged arc and tungsten inert gas (TIG) welding, 
representative of the longitudinal and circumferential welds, respectively. 

For the both weld types, high welding residual stresses with a magnitude about the yield 
stress of the base metal were determined, so that failure tolerance assessment was required 
to prove the component integrity during the design lifetime. The analyses demonstrated that 
due to superimposed residual and primary stresses, as well as due to high creep rates 
achieved at the operation temperature, considerable stress relaxation occurs. In particular, a 
fast relief of the welding residual stresses is predicted at the initial stage of operation, 
whereas these almost vanish at the end of the design lifetime. As a result, limited creep 
crack growth was estimated for all crack postulates in both weld types with a tendency of 
crack retardation or even arrest. For the utmost unfavourable double-sided crack postulate in 
the longitudinal weld, the crack is shown to be able propagating through the weld with a 
subsequent arrest after penetrating the base metal which exhibits considerably better creep 
properties than those of the weld metal. In all cases considered, no crack propagation 
through the tube wall is achieved.  

 

1 Introduction / Motivation 
In the welds of waterwall tubes, crack-like defects have been occasionally detected. These 
defects are likely attributed to improper welding conditions during the manufacturing process. 
Since such defects cannot be fully excluded, especially if small flaws are located below the 
surface of a weld, fracture mechanics based assessment is required to estimate defects’ 
behaviour under service conditions as well as to assess critical defect sizes which could 
cause component’s failure due to crack penetration through the wall. For this purpose, both 
experimental investigations and numerical analyses are performed to characterize the 
material and the crack propagation behaviour at service temperature and estimate the 
stress-strain state of the component resulting due to the welding process and at operation. 
Based on the respective experimental data and numerically determined time dependent 
stress-strain fields, crack propagation behaviour is estimated for different welds and 
locations. 

The waterwall tubes consist of several tubes connected by longitudinal welded strips. The 
tubes and strips are made of the 7CrMoVTiB10-10 material and welded together using a filler 
metal with a similar chemical composition. The longitudinal welds between the tubes and 
strips are fabricated by submerge arc welding (SAW) with one layer, whereas the two welds 
connecting a strip with both neighbouring tubes are synchronously welded. The girth welds 
between two tubes are TIG welded with two layers. Figure 1 shows a micrograph of the 
longitudinal welds connecting the tubes via the strip. The waterwall is loaded by internal 
pressure and dead weight. Additionally, welding residual stresses (WRS) are present. Under 
service conditions, the internal pressure is about 300 bar and the temperature is about 
500 °C. The construction is designed for an operation time of 200,000 hours. 



 

 

 
Figure 1: Micrograph of the longitudinal welds connecting tubes and strip 

 

For the assessment of flaws in welded structures, the relevant material properties, the 
loading conditions, including WRS, and the defect size are required as input data. While the 
external loads are known and the material properties can experimentally be determined, no 
information on welding residual stresses is available, so that the WRS have to be estimated 
by numerical modelling supported by individual measurements. Besides the conventional 
mechanical material properties, creep data as well as creep crack growth rates are to be 
determined. In particular, to consider crack postulates at various possible locations, the 
respective material characterization has to be performed for both SAW and TIG welds, as 
well as for the base material. 

 

2 Material Properties  
Besides the temperature dependent strength properties of 7CrMoVTiB10-10 which are taken 
from the T23/T24 Book [1], the creep properties of the base metal and the weld material are 
necessary for the assessment of cracks in the welds. The creep properties were determined 
by relaxation tests, while the creep crack growth rates were estimated based on test results 
derived by Siempelkamp, Dresden, using standard fracture mechanics specimens. 

For all those tests, specimens were extracted from welded plates manufactured under the 
conditions and using weld parameters representative of the girth weld (TIG) and the 
longitudinal weld (SAW), respectively. The tests were performed for the different material 
zones, the base metal, the TIG weld and the SAW weld on specimens extracted from the 
respective locations. 

The relaxation tests were performed on round tensile specimens with a diameter of 4 mm at 
a temperature of 500 °C. At first, the specimens were heated up to the test temperature. 
After heating up, the specimens were strained up to stress levels and then strain in the 
measurement range was kept constant, while the resulting stress was measured as a 
function of time. Figure 2 shows the stress relaxation curves for the base material 
(specimens P3.x and P4.2), the SAW (specimens P1.x) and the TIG (specimen P2.2) 
materials. For the base material in two different fabrication conditions (left figure, specimens 
P3.x and P4.2, respectively), the stresses relax within the test period of about 50 h to a 
comparable stress level between 110 and 145 MPa, independent of the initial stress level. In 
contrast, the weld materials (right figure) exhibit a slower stress relaxation, whereas different 



stress levels are achieved within the test period. No distinct difference between the TIG weld 
(specimen P2.2) and the SAW weld (P1.1) can be concluded. 

The creep crack growth for long creep times is controlled by the creep parameter C*. For its 
experimental determination, fracture mechanics creep tests at 500 °C were performed at 
Siempelkamp, Dresden, using C(T)25-specimens with reduced thickness of 10 mm. The 
specimens were pre-fatigued at room temperature and then side-grooved by 20% of the 
thickness to assure straight crack fronts in the creep crack tests. 

 

 
Figure 2: Stress relaxation of base material (left) and weld materials (right) 

 

 
Figure 3: Creep crack growth of the different materials at different load levels, the figure on the 

right hand side shows the test results in the first 1600 h. 

 

The test results of the creep crack growth for different material zones are shown in Figure 3. 
The tests were started at a different initial load, so that the curves cannot directly be 
compared. The specimens 1.7 and 3.4 had an initial load level of Kini = 30 MPa√m, the load 
level of the specimens 1.6, 2.2 and 4.2 was Kini = 35 MPa√m, and the load level of the 
specimens 1.2 and 2.1 was Kini = 40 MPa√m. Comparing the creep crack growth for the 
specimens under the same initial load, it is clearly visible that the SAW weld shows the 
highest crack growth rate followed by the TIG weld and the base metal. 
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3 Welding Residual Stresses 
The welding residual stresses were calculated using the finite element program SYSWELD 
[2]. To simulate the welding process for the both welds, the longitudinal SAW weld and the 
girth weld, a moving heat source was simulated and the parameters of the heat input were 
adapted to the welding parameters (energy input, welding speed) as well as to the geometry 
of the molten area obtained from a micrograph. The thermophysical and mechanical material 
properties were taken from [1], and the phase transformation behaviour was derived from the 
CCT diagram provided in [1]. In the welding process, two tubes were first welded together 
with one connecting strip, whereas the two longitudinal welds at one side were welded 
simultaneously in one step. This welding process can be simulated using a model of one 
tube and a half strip with the symmetry area in the middle of the strip. Figure 4 shows the 
calculated temperature distribution at the time of the heat source position in the middle of the 
SAW weld. 

 
Figure 4: Temperature field during welding of the SAW weld 

 

The girth welds connecting the tubes are welded with two layers with an interpass 
temperature of at least 150 °C. The welding of each pass was performed in three angle-
steps: 180° at the outside of the wall followed by two passes of 90° at the inside. The 
temperature field during welding of the first and second pass is shown in Figure 5. 

 

 
Figure 5: Temperature field during welding of the girth weld 

 



The resulting residual stresses in the longitudinal SAW weld after cooling down are plotted in 
Figure 6 (left: axial stresses, right: maximum principal stresses). The maximum stress of 
about 400 MPa occurs in the centre of the weld, in the transition between the weld and the 
tube, and reaches the level of the yield stress of the base metal. The axial stresses are the 
highest stresses in the respective cross-section, as can be seen in comparison with the 
maximum principal stresses in the right figure. 

The axial residual stresses in the girth weld are shown in Figure 7. The stresses are plotted 
in the cross sections normal (left figure) and parallel (right figure) to the tube axis. Due to the 
complex welding sequence, the stresses vary along the circumference with highest values 
achieved at about the 6 o’clock and 12 o’clock positions. The level of residual stresses 
corresponds to that of the longitudinal weld. Similar stress levels in the girth weld exist in the 
circumferential direction (not shown here). 

 

 
Figure 6: Residual stresses in the longitudinal weld (left: axial stresses, right: maximum 

principal stresses) 

 

 
Figure 7: Residual stresses in the girth weld (axial stresses) 

 

The calculated residual stresses were checked against measurements performed using the 
X-ray diffraction techniques. The latter resulted in stress values of about 300 MPa and 
250 MPa for the longitudinal weld and the girth weld, respectively (Figure 8). When 
comparing the calculated and measured residual stresses, it should be considered that the 
measured stresses are on the surface in the wall depth of some micrometres and can be 
influenced by the local geometry and surface roughness of the weld as well as by the 
preparation technique, especially concerning the measurements on the inner surface of the 
tubes where the tube had to be cut in the longitudinal direction.  

 



 
Figure 8: Measured axial residual stresses at the inner surface of the girth weld by X-ray 

diffraction 

 

4 Assessment of Flaws 
For the assessment of the component integrity and its fitness-for-service, cracks in the welds 
with different positions and sizes are analysed using the finite element technique. The cracks 
are modelled in the areas with highest stresses and located in a plane normal to the maximal 
stress component. Correspondingly, these are transverse cracks in the longitudinal weld, as 
well as transverse and longitudinal cracks in the girth weld. In the fracture mechanics 
assessment, the relief of the residual stresses is considered by modelling the stress 
relaxation due to creep. The creep crack growth is calculated on the basis of the energy 
integral Ct and the crack propagation law derived from the creep crack tests. 

4.1 Relief of residual stresses 
For the calculation of the residual stress relaxation at service conditions, including the 
operation temperature of 500 °C and stresses due to internal pressure and dead weight, the 
creep properties of the different material zones (base material and welds) are necessary. 
These properties were derived from the relaxation tests and the creep tests described in 
chapter 2. The creep behaviour is assumed to follow the Norton rule 

nBE σσε += /  (1) 

with the strain rate ε , the stress σ, Young’s modulus E, and the fitting parameters n and B. 
In the case of the creep crack tests, the parameters were adapted to the measurements of 
the crack tip opening displacement, using geometry functions for the C(T) specimen 
according to [3]. The creep parameters derived from the test results of the different material 
zones are shown in Table 1. 

The stress-strain analyses were then performed using the finite element code ABAQUS [4]. 
Thereby, the welding residual stresses calculated in SYSWELD were first mapped on the 
respective ABAQUS model as initial conditions. In a further analysis step, the operation 
stresses due to internal pressure, dead weight and thermal gradient were superimposed with 
the welding residual stresses. The variation of the total stresses versus the time of operation 
is plotted in Figure 9 for the example of the axial stresses in the longitudinal weld. The results 
suggest that the initial stresses of about 300 MPa reduce to half the value after about 100 to 
200 h and further decrease with time towards the level corresponding to the operational 
stresses, i.e. with no WRS. 



 
Figure 9: Relaxation of axial stresses in the longitudinal weld 

 

4.2 Assessment of creep crack growth 
The creep crack growth was calculated on the basis of time dependent values of the energy 
integral Ct. In the analyses, different crack postulates with varying sizes were modelled: 
surface and through-thickness cracks in the longitudinal weld, as well as axial and 
circumferential surface cracks in the girth weld. The energy integral Ct was calculated using 
the respective contour integral option of ABAQUS, taking account of the elastic-plastic and 
creep material behaviour.  

The analyses were performed in the following sequence: 

1. Transfer of welding residual stresses and plastic strains from SYSWELD to ABAQUS. 
At this initial stage, the room temperature (RT) and no crack are assumed, i.e. the 
crack is kept closed. 

2. Modelling of crack opening at RT by releasing respective nodes. 

3. Applying internal pressure, dead weight and temperature field corresponding to the 
operation conditions. 

4. Simulation of creep behaviour and calculation of the Ct parameter along the crack 
front. 

The crack propagation is assumed to follow a power law 

�̇�𝑎 = 𝐴𝐴𝐶𝐶𝑡𝑚, (2) 

where the parameters A and m were derived from the creep crack test data. For this 
purpose, the parameters C* and Ct for a C(T)-specimen under mechanical load at 500 °C 
were calculated using a 2D finite element model, and the parameters A and m for the 
different material zones were derived by fitting to the test results described in chapter 2.  

In all but one cases, the analyses were performed for stationary cracks. The results 
demonstrated that the energy integral Ct only slightly depends on the crack size, so that time 
dependent solutions for the stationary cracks can be used for estimating creep crack growth 
rates. An additional crack growth analysis was performed for a semi-elliptical surface crack 
with dimensions a×2c = 1.7×6.8 mm located in the girth weld (see Figure 10a). In the 
respective simulation, crack propagation was modelled by subsequently releasing nodes in 
the ligament to achieve a crack extension into the depth of ∆a = 0.3 mm during the initial 500 
hours. The latter was iteratively adjusted to match the experimentally determined creep crack 
growth rates and calculated Ct values. 



From all analyses performed within this investigation, only results for two most relevant 
cases are summarized below. These represent the following crack postulates: 

• Circumferential semi-elliptical surface crack in the girth weld with the depth of 
a = 1.7 mm (a quarter of the pipe wall thickness including weld reinforcement) and the 
length of 2c = 6.8 mm (corresponds to the crack aspect ratio of a/c = 0.5). The crack 
is assumed at the inner surface of the pipe, at the location of the maximum axial 
WRS component (see Figure 7). 

• Transverse crack completely penetrating through the strip and partly penetrating the 
pipe wall from outside. The crack apex is assumed to reach a depth of 2.1 mm in the 
base metal which represents 1/3 of the nominal pipe wall thickness. Though the 
respective crack postulate is rather conservative, it is considered to represent an 
unfavourable state at which two surface cracks appear immediately after weld 
manufacturing, originating at the opposite sides of the SAW weld and breaking 
through the strip. 

The finite element models of those cracks are shown in Figure 10. Both crack postulates 
cover all smaller crack sizes, for both the longitudinal and the girth welds. 

 

Table 1: Creep and creep crack growth parameters for base metal, TIG weld and SAW weld 

 

 
 

(a) (b) 

Figure 10: FE models of a cracked pipe: a) circumferential crack in the girth weld; b) transverse 
crack in the longitudinal weld 

 

The variation of the energy integral Ct for the surface crack in the girth weld is shown in 
Figure 11. To explore the variation of Ct for a growing crack, the parameter Ct was 
additionally calculated for deeper cracks with a = 3.4 mm and a = 5.1 mm, using respective 
finite element models. Slightly higher values of Ct were obtained for deeper cracks. In all 
cases, due to the relaxation of the residual stresses, the Ct integral decreases with time. Also 
included in Figure 11 are the results for a growing crack, which suggest that rather realistic 
crack growth assessment can be obtained using the Ct values for a stationary crack. 

material 
𝜀𝜀̇ =

�̇�𝜎
𝐸𝐸

+ 𝐵𝐵𝜎𝜎𝑛𝑛  �̇�𝑎 = 𝐴𝐴𝐶𝐶𝑡𝑡𝑚𝑚  

B [MPa-ns-1] n [-] A [MPa-m(mm/s)1-m] m [-] 

base metal  1,6×10-38 13 0,0284 0,9574 

SAW weld 1,2×10-22 5,5 0,1574 0,8844 

TIG weld 0,8×10-22 5,5 0,0541 0,8842 

 



 

 
Figure 11: Ct versus time for circumferential semi-elliptical surface cracks in the girth weld 

 

 
Figure 12: Creep crack propagation in the girth weld estimated for a surface crack with the 

initial depth of 1.7 mm 

 

The resulting creep crack propagation for the initial 1.7 mm deep crack shows a final crack 
depth between 2.3 and 3.5 mm after 400,000 h, depending on Ct obtained for the different 
stationary crack models. Therefore, crack propagation through the wall is excluded even for 
such large surface cracks. Additional calculations for smaller initial cracks show less creep 
crack growth. 

For the through crack in the longitudinal weld, the variation of the energy integral Ct is plotted 
in Figure 13. To evaluate the variation of Ct during creep crack propagation, two deeper 
crack postulates with the crack apex location corresponding to 1/2 and 2/3 of the pipe wall 
thickness, respectively, were considered. The results in terms of Ct demonstrate that all three 
crack depths result in almost the same values of Ct. Therefore the creep crack growth can be 
reasonably calculated based on a stationary crack analysis. 
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Figure 13: Ct versus time for transverse through cracks in the longitudinal weld 

 

 
Figure 14: Creep crack propagation into the tube wall starting from a through crack in the 

longitudinal weld 

 

Figure 14 shows the calculated crack propagation into the tube wall starting from an initial 
crack depth of 2.1 mm. The calculation results suggest rapid crack propagation from 2.1 mm 
to about 2.4 mm at the very beginning stage corresponding to about 1 min. During the 
remaining lifetime, a limited crack extension up to a crack depth of 3 mm is predicted. In 
particular, considerably lower crack growth rates are estimated after the crack front reaches 
the base metal which exhibits considerably better creep properties as compared to the TIG 
weld. As a result, no component failure is expected even in the presence of such a large 
initial crack as considered in the analysis. 
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5 Summary and Conclusions 
For the assessment of flaws in welds of waterwall tubes, experimental and numerical 
investigations were performed. On the experimental side, the main focus was concentrated 
on the determination of the creep crack growth properties of the base metal and the different 
welds as well as on the measurement of the welding residual stresses. In the numerical 
analyses, the welding residual stresses were first estimated as most important loading 
quantity. Subsequently, finite element calculations were performed to model the residual 
stress relief and to determine the crack driving force parameter Ct for cracks postulated at 
different locations of the welds.  

The highest creep crack growth rates are found for the SAW weld, followed by the TIG weld 
and the base metal. 

Considerable welding residual stresses are determined in as-welded condition, at RT. The 
maximum WRS values in the longitudinal weld and in girth weld are close to the material 
yield strength. The highest WRS values occur at the pipe inner side and, hence, are difficult 
to be accurately measured. X-ray measurements of the residual stresses at the surface 
agree with the results of numerical analyses. 

The most relevant mechanism for a possible crack extension is the creep crack growth. On 
the other hand, material creep behaviour results in a relief of welding residual stresses. The 
latter are found to considerably decrease within the initial stage of operation (by a factor of 2 
after 100 to 200 h) and almost vanish towards the end of the design lifetime. Due to this 
effect, the crack driving force decreases with the time operation. Consequently, a very limited 
amount of creep crack growth is estimated for surface cracks postulated in the TIG weld. For 
the SAW weld, the most unfavourable crack postulate results due to an assumption of two 
surface cracks, initiated immediately after welding, with their coalescence forming a through-
wall crack partially penetrating into the pipe wall. Although the respective crack may exhibit a 
rather fast propagation through the SAW material, its further growth in the base metal is 
estimated to be negligible, so that no wall breaking of the tubes is expected within the design 
lifetime. 
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Abstract 
The investigation of materials and components made for high temperature applications with 
steam temperatures > 700 °C is the focus of the two high temperature materials test rigs in 
the coal fired power plant of Mannheim. Two test rigs are installed; one is focused on 
material behavior under static load, the second test rig deals with thick walled components 
under cyclic loads. Both test rigs have in principle the same set-up: Steam from the steam 
cycle in unit 6, GKM, is taken at a steam temperature of 530 °C and a pressure of 167 bar. 
The steam is heated up in a superheater loop to a final steam temperature of 725 °C at the 
superheater exit. Following the boiler internal superheaters is a set of external test loops. 
The mass flow and steam temperature in the test loops is controlled via high temperature 
valves located at the end of the test rigs.  

A new pressure reducing valve for 725°C steam temperature was designed and 
manufactured. As structural material the Alloy 617 was used.  The operation in the test loop 
was very successful: The steam temperature 725°C is controlled with an accuracy of ± 1.5 
%. Also the reliability to seal the spindle with a stuffing box with graphite elements could be 
reached by avoiding high temperature at the stuffing box. During start up and shut down the 
valve body is exposed to a temperature difference of max 500 °C.  

After 5000 h of high temperature operation a leak was detected due to a crack in a girth weld 
of one of the HT control valves. The damaged part of the valve was replaced and 
investigated at the MPA Stuttgart in order to identify the underlying damage cause. In the 
paper the results of the metallographic investigations are shown and measures to avoid 
similar damage occurrences will be derived.   

1 Introduction / Motivation 
New built fossil power plants have to face a challenge created by environmental demands: In 
order to reduce emissions high steam temperature and high pressure are needed in order to 
increase efficiency and reduce the usage of fossil fuel. Due to the increasing share of 
renewable energy sources the volatility of fossil power plant operation will further increase 
and with it the amount of load cycles and the material stresses caused by temperature 
gradients during plant operation will rise.  

An increase of steam temperature and steam pressure creates higher loads within the 
containing pipes and tubes which usually requires higher wall thicknesses in order to reduce 
the stresses in the material. Secondary stresses causes by thermal gradients due to volatile 
power plant operation can only be reduced by a reduction in wall thicknesses. This conflict of 
aims can only be solved by development and qualification of new materials with very high 
creep strength in order to increase the maximum tensile stresses and parallel to that reduce 
the secondary stresses created by temperature cycles in the respective components.  

Within the range of material development and material qualification for future power plant 
applications a high temperature materials test rig has been installed in the Grosskraftwerk 
Mannheim.  

Within this test rig new materials are investigated towards their behavior in tubes and valves 
under steam temperatures of 725 °C and a pressure of 167 bars. This test rig is operated 
within a research project funded by the Federal Ministry of Economy and Technology 
(Bundesministerium für Wirtschaft und Technologie (BMWi) under contract no. 03ET2038. 
The design of the test rig is shown in Figure 1. 

 



 

Figure 1: Design of Test Rig HWT 1 

High temperature valves play a key role in the safe and reliable operation of future power 
plants. Along with the increasing stresses in the pressure retaining valve bodies the tightness 
and wear resistance under increasing steam parameters has to be guaranteed. Therefore 
the investigation of valves is of special focus in the test rig.  

2 Valve Design 
In Figure 1 the functionality of the test rig is diagramed. Steam from Superheater 4 is taken 
from the exit header and recirculated into the boiler. Within two stages the steam is 
superheated to a final temperature of 725 °C and a pressure of 167 bars. The steam 
temperature at the boiler exit depends on the mass flow which is controlled by two control 
valves at the end of the test rig. These control valves operate alternatingly.   

Figure 2 shows the design of the PRV in the “725 HWT GKM” test loop. The actuator is 
operated hydraulically. 

At operation temperature 725°C and design temperature 725°C + 15°C = 740°C the yield 
strength is Rp0,2/740°C = 180 N/mm2 and the long-term creep strength is Rm/10

5
h/740°C = 71 

N/mm2. The allowable stress for design was calculated by 71/1.5 = 47 N/mm2.  

The operation in the test loop was very successful: The steam temperature 725°C is 
controlled with an accuracy of ± 1.5 %. Also the reliability to seal the spindle with a stuffing 
box with graphite elements could be reached by avoiding high temperature at the stuffing 
box. During start up and shut down the valve body is exposed to a temperature difference of 
max 500 °C [1].   

 

 



                       

Figure 2: Design of the Pressure Reducing Valve from Bopp & Reuther (B&R) in the  
“725 HWT GKM” test loop 

 

After 5000 hours of operation with 725 °C steam a leak was detected in one of the control 
valves in the seal weld, see Figure 3. The crack stretched across about 270° of the 
circumference.  

 

Figure 3: Control valve with crack in weld 

Crack in weld of 
control valve HWT I



3 Investigations  
3.1 Crack Position  
The crack occurred in the area of the spindle seat, see Figure 4.  

 

 

Figure 4: Area of crack in control valve 

During the design of the valve a special construction for the spindle seat was realized. In 
order to be able to replace the seat for tribological investigations the valve head was not 
designed in one piece but with a removable seat that was screwed into the valve head, see 
Figure 5.  

 

Figure 5: Section of valve head with crack in sealing seam 

For steam tightness the thread was closed with a welding seam on the outer side. After 5000 
hours of operation of the valve and a total of 9650 h of test rig operation a crack was 
observed in the sealing seam.  

3.2  Metallographic investigations 
After cutting out the crack area the crack was broken open and investigated via optical 
microscopy and SEM. Also an analysis of the hardness within the weld was performed.  

The crack started from the inner surface, the contact area between valve body and spindle 
seat served as a “crack starter” due to the local stress concentration.  

A picture of the crack surface is depicted in Figure 6. 

Area of Crack 



 

 

Figure 6: Crack surface 

The REM investigation of the cracked surface showed an intergranular crack, see Figure 7. 

     

Figure 7: Intergranular crack appearance 

The crack appearance also indicates some area with hot cracking during welding. However, 
due to the fact that the crack appeared after almost 9950 h of operation time, a crack that 
was already present after fabrication can be excluded as a reason for the leak.    

A section of the end area of the crack shows an offset within the crack path, see Figure 8, 
which seems to be also visible in Figure 7, marked area in left picture.  

 

    

Figure 8: Section of crack path 

Surface of crack 

Outer surface of valve 

Contact Area between valve 
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Along with the staged crack path a thin layer of transgranular cracking in the near surface 
area of the crack can be observed, see Figure 9. 

 

Figure 9: Layer with transgranular cracking in surface-near crack area  

4 Stress analysis 
The simplified loading situation of the valve is shown in Figure 10. The number of load cycles 
can be estimated with 460 approximately. By means of a Finite Element calculation, Figure 
11, Figure 12, taking into account the already mentioned loading conditions it could be stated 
that cyclic crack initiation and growth seams not reasonable due to the minor local stresses.  

If a manufacturing defect is considered, Figure 13, an intensification of the local stress takes 
place. The linear elastic stress intensity factor K for a defect length of 0.1 mm amounts to 3,9 
MPAm0,5 which is below the critical stress intensity factor for cyclic crack initiation K0=9,44 
MPam0,5. However it has to be taken into account that the data used is only valid for 550°C. 
As the temperature in the valve is up to 620°C the probability for cyclic crack initiation and 
propagation is increasing with increasing defect size.  

 

Figure 10: Simplified loading cycle  



 

Figure 11: Finite Element calculation – mesh and von Mises stress distribution 

 

Figure 12: Stress-Strain situation during one load cycle 

 

 

Figure 13: Local stress intensification at the weld root 



In addition it has to be taken into account that secondary stresses coming from the pipe 
system and residual stresses will lead to a critical local loading situation at the end screw 
connection (Figure 11).  

The creep rupture strength of the Alloy 617 at 610°C is shown in Figure 14. Creep rupture of 
the sealing weld could be expected after 5000 h of operation if the stress is in the range of 
250 up to 300 MPa.  

 

Figure 14: Creep rupture strength Alloy 617 / 610 °C [2] 

As shown in Figure 11 the stress due to thermal cycling and pressure is up to 200 MPa. An 
additional loading due to external forces coming from the piping system and some residual 
stresses after welding of the sealing weld in the total order of magnitude of about 100 MPa 
seems reasonable. Thus the critical amount of 250 up to 300 MPa to create creep fracture 
could be achieved. 

5 Summary and conclusion 
In the present paper the crack occurrence after 9650 h of test rig operation in test rig HWT 1 
has been investigated. Due to the fact, that the seam was only intended as a sealing, with no 
load-bearing purpose, it was performed with only two weld layers. The metallographic 
investigation revealed intergranular cracking in the sealing weld. Also some welding defects 
could be stated.  

The numerical analysis showed that the root of the sealing weld is exposed to a local stress 
in the range of 200 MPa. Together with an assumed external load and local residual stresses 
creep damage after 9650 h of test rig operation and 5000 h of valve operation seems 
reasonable. Also some parts of cyclic crack propagation could not be excluded if a welding 
defect and the superimposed additional stresses are taken into account.   
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1 Challenges in the field of condition monitoring 
The operation and the monitoring of highly stressed pipes and thick-walled boiler components 
are facing new challenges. Owing to the European Union, the legislation on the production and 
the operation of the components of pressure equipment is subject to sometimes significant 
changes Europe-wide. In Germany, the condition monitoring of affected equipment is regulated 
by the Pressure Equipment Directive that has been introduced into German law as the 
Pressure Equipment Act (14. GPSGV). [1] The work safety directives are the minimum 
requirement for the field of the operation. In Germany, these are implemented according to the 
Ordinance on Industrial Safety and Health (BetrSichV) and amended by changes in the 
technical set of rules. The field of condition monitoring is to be newly considered in order to 
make full use of the extended scope of action provided for by the Ordinance on Industrial 
Safety and Health and the TRBS (Technical Rules for Operational Safety) as a power plant 
operator. [1] 

What does that mean in concrete terms? Paragraph 15, Section 5 of the Ordinance on 
Industrial Safety and Health stipulates maximum intervals for certain plant components, which 
can be extended in coordination with the responsible authority and the approved inspection 
body (ZÜS), which can now be freely chosen (cf. Ordinance on Industrial Safety and Health § 
15, Section 17). VGB Guideline 506 describes an “action plan in the form of several modules 
for designing the inspections. Based on the modules selected by the operator, an effective 
design of the inspection of components […] including an extension of the inspection interval (cf. 
VGB-R 104 O) [is] possible.” [1] In the area of the steam generator, it is conceivable to extend 
the inspection intervals for internal inspections required by law from three to five years. In the 
case of new plants, the extension of the inspection intervals can, where appropriate, already be 
applied for along with the licensing (see VGB Guideline R 104 O) – provided that the 
operational safety can be adequately guaranteed. [1, 2] 

In addition, sites are facing the challenge to adequately counteract the drain of know-how 
caused by increasingly frequent task switching and to preserve operational experience and 
incidents for an operating time of more than 200,000 hours. 

The following aspect mainly bothers operators of new plants. Due to high live steam 
parameters, new materials are used in modern steam generators, the strength characteristics 
of which are partially available in extrapolated form only. Thus it is easily conceivable that later 
corrections to the material values necessitate an up- or downgrading of the fatigue result of the 
components. 

For conventional power plants, it becomes increasingly necessary to be able to react more 
flexibly to load changes in the national grid. For existing plants, this may require more frequent 
start-ups and shutdowns than had originally been taken as a basis in the course of the design. 
The additional alternating stress of the components has to be recorded and evaluated. In total, 
the changed underlying circumstances for the condition monitoring require new methods and 
instruments. In the following, the use of online systems shall be explained on the basis of 
present operating experience. 

 

2 Online systems as a central element of condition monitoring 
On the basis of VGB Guideline 506, condition monitoring can be subdivided into the following 
parts: 

 
- Design 

Definition and chronology of the intended operation and consideration of unavoidable 
additional stresses 

 



 

- Documented quality 

All relevant documentation from the production and operation of the 
components (complete design documentation, material certificates, dimension 
records, non- destructive testing records, calibration records, technical 
modifications, etc.) 

- Diagnosis during operation 

Determining the static and non-steady-state stress (e.g. by dead weight, creep 
damage and alternating stress, additional forces) 

- Diagnosis in the course of a shutdown 

External and internal inspections 

- Condition assessment 
Assessing the condition of the component in order to be able to subsequently 
determine required inspection and maintenance measures having regard to the 
aforementioned sources 

In Chapter 5.6 (Issue 2009), VGB-R 506 describes two procedures that exceed the approach 
practiced in the past and represent a significant improvement over time-based maintenance 
cycles in terms of the condition-oriented maintenance strategy regarding economic efficiency 
and operational safety. The online system SR::SPM (SPM = steam pipe monitoring) of the 
company STEAG Energy Services GmbH follows Procedure 2 of the guideline [7]. 

By means of a central data acquisition, data archiving, and continuous calculations, online 
systems fully meet the requirements to the diagnosis during operation. Operating conditions 
can be assessed directly and chronological events of the condition can be traced historically. In 
addition, such systems are suited for the managing and linking of relevant documents, like e.g. 
as-built dimension records, calibration records, and material certificates. Technical 
modifications can be considered directly in the system and included in the further monitoring. In 
short: The documented quality is ensured. 

3 Lifetime monitoring of thick-walled boiler components 
Due to the rapid increase in the use of renewable energies, thermal power plants are required 
to handle flexible load scenarios. Hard coal- and lignite-fired power plants, initially designed for 
base load and medium load operation, are subject to steep temperature transients and high 
numbers of cycles to be able to economically react to the demands of the market. Particularly 
regarding thick-walled boiler components (e.g. drum, separator vessel, headers, moldings), the 
high cyclic loading by internal pressure and temperature leads to an increased alternating 
stress. 

The calculatory stress is determined by means of online monitoring systems in order to allow 
for a realistic projection for optimizing the mode of operation. Thus the systems significantly 
contribute to ensuring a safe and economical plant operation. 

 

3.1 Lifetime monitoring system SR1 
SR1 is a program system for the continuous monitoring of the stress on thick-walled 
components of power plant boilers and turbines based on the procedure defined in the TRD 
code and DIN EN 12952. The SR1 report provides the following results for each monitored 
component: 

   Total fatigue = f (creep,fatigue)  

  Creep = f(pressure,temperature) 



 

   Fatigue = f (pressure, temperature, differential temperature) Matrices for hours of 
operation and load changes 

 

Optionally, SR1 can also be equipped with a feature to calculate reserves. The difference 
between the admissible temperatures and the actual temperatures is shown as the reserve. 
This requires knowledge of the temperature field within the wall of the component. 

 

 
Figure 1: SR1 provides different methods to determine the temperature field within the 
wall of the component. 

 

SR1 can determine the temperature profile within the wall of the component from the time- 
related changes in the temperature of the medium. In SR1, this is done by taking account of the 
heat transfer relationships of the inner and outer walls of the component (Fig. 1). This reduces 
the need for technical measuring equipment. If the temperature profile inside the wall of the 
component has already been measured by technical means, SR1 can make use of this data. 

Applications 

Plants with highly stressed, pressurized components such as tubes, collectors, and 
other hollow components that are typically found in steam generators in the industry. 
Because of the high process temperatures, these components are subject to time- 
related ageing and are usually the components with the shortest life expectancy. 

It is also possible and sensible to use SR1 in older plants in order to provide reliable 
data about past component fatigue so that a decision can be made whether to extend 
the operating time or not. This also applies when no continuous SR1 lifetime 
monitoring or 

IT-supported data storage has taken place before and when the operational data from 
the past is available only on paper strips. 

In addition, when online monitoring begins, it is possible to extrapolate backwards. 



 

When this is done, the currently registered fatigue gains are transferred to the history. 
After just roughly 5,000 hours of operation with online monitoring a reliable history can 
be generated. 

 

 
 

Figure 2: SR1 fatigue overview 
 

3.2 Optimizing the plant operation 
Already today, a flexible plant operation is demanded of thermal power plants (more frequent 
start-ups, steeper transients) to be able to react to the highly fluctuating feed of renewables. In 
parts, the operation here significantly differs from the mode of operation assumed when 
designing the components. The following procedure is used to be able to assess the potential 
for a more flexible plant operation: 

In a first step, the current situation is evaluated. This includes: 

 

1 Recording the previous mode of operation and determining the boundary conditions 
and limits. 

2 Assessing the previous mode of operation regarding the material fatigue of the thick- 
walled components (calculation according to TRD 508 and DIN EN 12952 respectively). 

 
Based on the evaluation, a concept for improving the flexibilization and acceleration of the rates 
of start-ups and load changes is compiled. The admissible lifetime consumption is taken into 
account here. 

 
3 Calculating the admissible rates of load changes for the thick-walled components. 

4 Recommendation for the redefinition of the start-up times (cold, warm, and hot start-up) of 
the boiler plant. 

5 Defining the critical load ranges and creating a matrix for the optimal use of the plants for 
the various load ranges. 



 

6 Developing suggestions for the implementation of the higher rates of load changes on the 
DCS side. 

3.3 Projection of the lifetime consumption 
The objective of the projection of the lifetime consumption is to allow to assess the influence of 
future modes of operation and to optimize the plant operation. 

Currently various approaches for the projection of the lifetime consumption are being developed 
and tested respectively. Initial approaches, considerations, and specific examples are 
presented below. 

For the online projection, the mode of operation to be expected is described by load collectives 
for a realistic period of consideration (one to three years) in order to optimize the admissible 
gradients for various load ranges in this period of time. Here an optimization regarding certain, 
financially particularly attractive load ranges is conceivable. The boundary conditions of the 
projection can be adjusted to the expected requirements in intervals. 

Yet another aspect is to be considered. Besides assessing the component stress, often DCS- 
related and procedural measures are required to increase the plant flexibility. In view of this 
fact, the load range-related optimization can be effected in a target-oriented way, and a fleet- 
wide application management can be developed. 

In the case of a mode of operation with significantly higher stresses compared to the design 
calculation, additional inspection measures are to be considered in order to ensure a safe 
operation. The costs incurring in the context of the optimization (expenses, investment vs. 
returns) can be estimated during the pilot study. 

A prerequisite for the continuous projection and optimization of the component stress is the use 
of online systems to precisely monitor the calculatory lifetime consumption and to be able to 
reliably use it as a basis for adjusting admissible gradients. 

 

3.3.1 Trend analysis of the component stress using statistical 
methods 
A continuous monitoring of the component stress using statistical methods is particularly helpful 
in this context. The increase of creep damage and alternating fatigue is monitored by means of 
the online system SR::SPC (Statistical Process Control) by STEAG Energy Services GmbH. 
When an admissible warning limit is transgressed, the user is immediately informed about the 
status.In addition, the trend analysis can be used for an extrapolation of creep damage and 
alternating fatigue into the future. For this, the projection period and a fatigue admissible in this 
period are defined. Planned shutdowns of the plant (no increase in fatigue) can be taken into 
account. If the expected fatigue is transgressed during the projection period due to the current 
mode of operation, one can react with a more moderate mode of operation, or the additional 
consumption can be economically assessed and tolerated if applicable. 

The trend analysis is explained in what follows, using the example of a superheater 4 header. 

 
 



 

 
 

Figure 3: SR1 diagram, superheater 4 header 
 
The SR1 component diagram (Fig. 3) shows the operating parameters (pressure and 
temperature) and the calculation results (temperature difference and total fatigue) for the entire 
history of the component. On the basis of the chronological sequence of the four parameters an 
assessment of the plant operation (critical or not) is not possible. 

 

Creep damage 
The SPC analysis of the gradient of the creep damage (Fig. 4) identifies two events where the 
increase was above the defined limit. The cause is a temperature transgression. 



 

 
 

Figure 4: The continuous SPC trend analysis of the gradient of the creep damage 
 
 

Alternating fatigue 
The SPC trend analysis of the alternating fatigue also captures and reports the points in time 
when the component was calculatorily stressed the most (Fig. 5). Fig. 6 (SR1 diagram) 
exemplifies the operating condition responsible for the increase in alternating stress (high 
thermal stress due to temperature difference). 



 

 
Figure 5: The continuous SPC trend analysis of the gradient of the creep damage 

 

 
 

Figure 6: SR1 diagram, superheater 4 header 



 

3.3.2 Trend projection 
Examples of the operating scenarios “base load“ and “energy turnaround“ are shown below to 
contrast different modes of operation. 

Both trend diagrams of the software SR::SPC (Fig. 7 and 8) show the extrapolation of the 
alternating fatigue over one year (projection period). The expected increase in fatigue in this 
time period amounts to 0.5 percent for both scenarios. In the scenario “energy turnaround”, 
steep transient operating procedures and frequent load changes lead to a higher stress of the 
superheater 4 header. After six months already, 0.5 percent alternating fatigue would be 
reached with a comparable mode of operation. For 30 years, the alternating stress would 
double from 15 to 30 percent. According to damage accumulation [1], the fraction of the creep 
damage is to be added on top of this. 

 

 
Figure 7: Continuous extrapolation of the alternating fatigue – scenario "base load" 

 

 
 

Figure 8: Continuous extrapolation of the alternating fatigue – scenario "energy turnaround" 



 

4 Summary 
In future, online systems will make a large contribution to operation management and 
maintenance management. The more precisely the plant condition is recorded and assessed 
based on the modules named in Chapter 2, the more precisely can the inspection methods, 
scopes, and intervals for the recurrent inspections be planned. [1] In the case of new plants or 
when changing components, the monitoring and thus the recording of critical modes of 
operation is recommended from the beginning in order to be able to argue for individual 
inspection intervals (extension or reduction) and to plan and reduce the maintenance effort. In 
the case of existing plants, a recalculation of the operating time elapsed so far is possible – 
provided that the required operating data are available. 

In addition, the continuous trend analysis monitors the stress of thick-walled components. If the 
expected fatigue is transgressed during the projection period due to the current mode of 
operation, one can react with a more moderate mode of operation, or the additional 
consumption can be economically assessed and tolerated if applicable. 

The continuous monitoring of the pipe condition reports unplanned stresses. A reduction of the 
service life and dangers due to unexpected stress can consequently be prevented. By means of 
the continuous pipe system calculation with SR::SPM, operating conditions not considered 
during the design enter into the condition assessment. 

When using modern materials, the continuous data acquisition and the calculation of creep 
damage, alternating fatigue, and creep strain form the basis for a later recalculation – e.g. when 
the strength characteristics stored so far are updated. 
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Abstract 
This paper puts emphasis on (a) RBI as applied for components in large fossil-fuel fired 
power plants, (b) further development of the CWA document toward an EN RBI standard and 
(c) application of RBI in the particular case of old (aged) plants. The application of, 
essentially German approach to power plants in a large utility company is based on the 
German VGB standard VGB S 506 (“Condition monitoring and inspection of components of 
steam boiler plants, pressure vessel installations and high-pressure water and steam pipes”). 
The further development of the CWA is embedded into a multi-client project involving a 
dozen of industrial parties and coordinated by the Dutch standardization body (NEN). The 
issue of aging is part of the European project (coordination action) with the starting day of 
Sept. 2013, entitled “SafeLife-X: Safe Life Extension management of aged infrastructures 
networks and industrial plants”. The project will contribute to creating consensus on aging 
management including potential cascading and/or ripple effects. It will, thus, satisfy the 
demand within various industrial sectors and help match the EU Grand Challenges and the 
EU-2020 Strategy, and achieve goals of main stakeholders (e.g. EC, OECD, ECTP, 
ETPIS…). 

1 Introduction  
Current EU approach to the topic of Risk-Based Inspection (RBI) is currently tackled by only 
one European standardization document, the CWA 15740:2008 document. The document, 
published in 2008 as “European answer” to the US API 580/581 documents for 
petrochemical plants, has been developed for application in broader range of industrial plants 
than API 580/581: beside petrochemical plants also process, chemical, power, steel and 
paper industry plants have been covered. 

2 The approach 
The approach presented here provides description of the method for determination of risk 
and in particular of the Probability of Failure (PoF) or Likelihood of Failure (LoF). On the 
scale between the (simplified) qualitative analysis and the detailed (quantitative) analysis, the 
intermediate steps are usually described as “semi-quantitative” analysis. Decisive for each of 
the above types of analysis is how detailed are the respective probability of failure and the 
consequence analysis. 

The more structured and formal approaches, e.g. those proposed by API ([1], [2], [3], [4]), or 
VGB ([5], [6]), can be applied in situations less favorable in terms of available data (e.g. aged 
power or process plants) and/or requiring the PoF assessment on an more “gradual” and 
“adjustable” scale. That allows refining the assessment as soon as the new knowledge/data 
become available. The proposed way of performing the PoF is, thus, always “semi-
quantitative” in a different way in each particular case of analysis, depending on the needs of 
the analysis and available resources. The screening, as the simplest way of analysis and the 
fully quantitative (detailed) analysis, as the most complex way of analysis, are therefore, only 
the two extremes of the same methodology for PoF assessment. Furthermore, when an 
analysis is started at one level, e.g. on the low predominantly screening level, it can be 
extended towards a more quantitative or detailed analysis when needed, with no repetition of 
steps and with full re-use of the results available from the previous phase. Such approach is 
fully in agreement with the RIMAP approach proposed in the basic document CWA 
15740:2008 ([7], [8]) and the supporting ones (e.g. [9] to [15]). 

The consideration here is focused on damage as the main cause of structural failure, 
although CWA 15740 explicitly includes also other possible causes, e.g. those related to 
operation. The most important parameter of damage analysis is the damage rate (for 
“trendable” damage mechanisms only, obviously), thus, this chapter gives guidance for 



assessing the probability of failure (PoF) of an item, which is subjected to a continuous 
degradation mechanism and systematic inspection program. It should be noted that this is 
not the result of the PoF assessment: given a failure of a certain type, there is not a one to 
one correspondence between the probability of occurrence of a failure and the probability of 
having a certain harm of a given intensity. Between the two there is a need to consider 
various possible scenarios, each having a probability of occurrence. The result is the 
combination of these probabilities (e.g. using AND/OR logic). 

The whole approach to PoF analysis (and building the previously mentioned scenarios) 
follows the principles of “bow-tie” analysis. When dealing with situation of making a rational 
decision in a context of partial knowledge, it is important to identify the real origin of lack of 
knowledge. Several possibilities can arise [12], some of them being in the root of the new 
paradigm embedded into the approach of ISO 31000 [16]: 

1. The (expected / or dreaded) outcome is clearly defined, and its probability of 
occurrence is firmly established on solid statistical grounds: e.g. failure rate of an 
electronic component in specified working conditions: in that case, the classical 
probabilistic approach is applicable (e.g. one like in classical life insurance). 

2. The outcome is clearly defined but probabilities estimates can hardly rely on statistical 
data because situations under concern are not generic enough. This is typically the 
case of structural reliability as no somewhat complex structure really looks like any 
other. In some cases, the final unwanted event can be broken down in ones that are 
more elemental and therefore we are brought back to the previous case. 

3. It can happen that such a procedure is not possible but that, fortunately, we can use 
tests. This is typically the case of medical diagnosis and industrial inspection. This 
naturally leads to the so-called Bayesian approach that seems especially relevant to 
the purpose. 

4. It can also happen that no probability estimates whatever shaky or approximate is 
available. In that case, structured expert opinion elicitation such as Delphi procedure 
can be used and integrated in a learning process (if any) with some benefit. 

The four situations are typical situations encountered in the risk analysis, although admittedly 
not always in a manner not clear cut. Other possibilities may also be of concern: 

 It can happen that no probability estimate is available whatsoever. This case 
(uncertainty) is in principle out of the scope of traditional risk analysis and is to be 
dealt with by some special techniques such as scenario analysis. 

 It can happen that probabilities are more or less known but that the outcome itself is 
only poorly defined. A typical situation is for example when the condition of equipment 
is only specified by a rather lose statement such as “not so good”, etc. In this situation 
one must resort to the so-called “fuzzy logic”, in which the degree of belonging of an 
attribute to a given category is itself subject to the usual rules of probability. 

 At last, the worst situation is when both probabilities and outcomes are problematic: a 
typical case is the controversial global climate change or the possible harmful effect 
of cellular phones on health. For this state, usually referred to as “ignorance”, none of 
the strategies previously examined is relevant. In those cases, the so-called 
precautionary principle can be of some help. 

When dealing with inspection performed at given points in time, the Bayesian technique is of 
special interest as the periodic comparison of inspection results to expected outcomes give, 
if satisfactory, further information needed for the optimization of the inspection program. 

The approach is largely based on  

 The “RIMAP approach” ([9] to [15]), built into the  



 CWA 15740:2008 ([7], [8]), which has served as the basis for the consideration made 
in the 

 VGB S-506 approach ([5], [6]). 

Basic principles and requirements for RBI in CWA 15740:2008 

The CWA 15740:2008, provides the essential elements of risk based assessment of 
industrial assets according to the RIMAP approach which has been developed and 
demonstrated in and by the European R&D project RIMAP (GIRD-CT-2001-03008 and the 
corresponding RIMAP Network: “Risk-Based Inspection and Maintenance Procedures  for 
European Industry”). One of the main goals of the project, as well as of this CWA, has been 
to contribute to the harmonization of the EU national regulatory requirements related to the 
inspection and maintenance programs in the industrial plants and make them more cost-
efficient while, at the same time, safety, health, and environmental performance is 
maintained or improved. 

The document is intended for the managers and engineers establishing the RBIM (Risk-
based Inspection and Maintenance) policies in the companies in power, process, steel and 
other relevant industries. It is supposed to be used in conjunction with the relevant 
internationally accepted practices, national regulations and/or company policies. The 
document is supposed to provide a common reference for formulating the above policies and 
developing the corresponding inspection and maintenance programs within different 
industrial sectors, such as oil refineries, chemical and petrochemical plants, steel production 
and power plants. Each part of this Agreement can be used as a stand-alone document. 

The objective of this CEN Workshop Agreement document is to present a set of transparent 
and accurate framework for applying / implementing risk-based inspection and maintenance 
(RBIM) and risk-based life management (RBLM) in industrial organizations. The CWA 
formulates the procedure for risk-based approach, thereby supporting optimization of 
operations and maintenance (O&M) as well as asset management. 

OHAS-Act 85, 1993 NNR-Act 47, 1999

Pressure Equipment Regulation 
(PER)

Legislation with regard to Pressure Equipment

Regulation for Nuclear Safety and 
Regulatory Practice (RSRP)

SANS 347 RD0018 / RD0034SANS 10227

Health-and Safety Standards (HSS)
...ASME, EN, API, CWA, SABS,…

→ Appendix in SANS 347

Conformity to HSS and Regulation
...Accreditation, Certification, Categorization…

→ISO 17020 / 17021 / 17024 / 17025

 

Figure 1. Example of the inclusion into national regulation: Place of the CWA 15740:2008 in 
the overall system is mentioned as “CWA” 

The development of the CWA since it has been approved in 2008 has been marked by the 
following major developments of the methods: 

 Creation of the respective VGB Guideline (VGB 506) for German power plants 



 Inclusion in to the national regulation of some countries (Figure 1) 

 Development of the concept involving 

a) economic analysis and includes aspect related to NPV (net present value) 
and CAPEX/OPEX (capital/operational expenditure),  

b) further development of the concept of CWA 15740:2008 towards a 
European standard (EN), and  

c) embedding the concept in the overall concept of aging management.  

The purpose of RBIM is to ensure that clearly defined and accepted levels of risk related to 
safety, health, environment and business/production/operation are achieved using resource-
efficient methods of inspection and maintenance. The methodology for RBIM described here 
is based on that developed in the European project RIMAP (Risk-based Inspection and 
Maintenance Procedures for European Industry). Within the RIMAP project, the RBIM 
methodology has been developed and validated for chemical, petrochemical, power and 
steel industries in Application Workbooks, but the methodology as such is intended to be 
industry independent. The methodology addresses the following aspects: 

 Inspection and maintenance 

 All types of equipment, e.g. pressure containing, rotating, electrical, 
instruments and safety devices 

 Technical and managerial aspects of maintenance and inspection planning 

 Asset management related to inspection, maintenance and life assessment for 
plants, systems and components 

 Production and operation 

Although RBIM encompasses RBI & RCM, this document focuses primarily onto RBI. The 
RCM is included only up to the extent to demonstrate the applicability in the overall context of 
RBIM. 

In general terms, if a company wants to apply a simple prescriptive maintenance/inspection 
approach then it is necessary to apply strictly conservative criteria for the decision making 
process. 

A risk-based approach on the contrary needs a detailed multi-discipline engineering analysis 
to ensure that safety issues are not sacrificed by implementing a maintenance/inspection 
planning process. An appropriate risk-based methodology covers following principles: 

 Plan the primary work products of RBIM assessments and management 
approach in such a way that risks at system and/or equipment level are 
managed, highlighting risks from both safety/health/environment (HSE) 
perspective and/or from the economic standpoint 

 Define the RBIM methodology in a framework which meets common sense 
(such as good engineering practices or industrial reference standards) in 
handling hazardous materials and situations in industrial equipment 

 Address a generic work flow and competencies needed to handle projects in 
an appropriate manner 

Define minimum requirements for performing and documenting RBIM assessments in order 
to comply with legal or normative regulations and guidelines 

General requirements of RIMAP as applied to RBIM are: 

a) The objectives and risk criteria should be clearly defined for the assessment. 



b) The assessment and the applied detailed procedure should comply with the locally 
applicable legal and regulatory framework 

c) The required level of input information should be available for the assessment. 

d) The assessment should be performed in a multidisciplinary team by personnel with the 
required competence, and using procedures and tools that can provide the required 
results on the selected level of assessment. 

e) The assessment and the applied procedure should be able to provide results, which 
are 

 safe 

 conservative 

 representable in risk matrix, auditable and consistent with both the objectives 
and applied risk criteria 

 supporting RBIM planning and decision making on the target system or 
component. 

f) RBIM should be based on a team approach 

g) RBIM should reflect the prevailing conditions in the plant, i.e. RBIM needs to reach the 
“evergreen” status. 

Risk based inspection and maintenance management requires experienced personnel at all 
levels as well as appropriate routines for the execution of the work. Current relevant 
standards do not set fully comprehensive formal requirements for the qualifications of people 
that perform inspection and maintenance planning, even if the execution of inspection and 
maintenance activities is partly regulated through qualification schemes, such as e.g., ISO 
standards such as 17020 [[18]], 17025 [[19]], and European standard EN 473 requirements 
[[20]]. RBIM planning requires a multidisciplinary team with engineering competency within: 

 Inspection and maintenance 

 Specific equipment disciplines (e.g. materials, corrosion, electrical, fixed and 
rotating equipment) 

 Safety and health issues 

 Plant operation and process 

 Reliability and risk assessment 

Particular cases may require special competencies. In addition, local rules and legislation, 
and the type of industry may set detailed requirements to competencies involved. Due 
consideration should be given to the width of background skills and expertise collated in the 
team. One or more of the skills may be possessed by one person, but it is emphasized that 
RBIM planning is a team effort. 

RIMAP Procedure 

The RIMAP procedure provides guidance for developing and maintaining a risk-based 
inspection and maintenance program, preferably embedded into a higher-level quality or risk 
management environment. The procedure is applicable to many industries and to different 
types of equipment (for example static equipment, rotating equipment, safety systems, and 
electrical/instrument equipment). The steps in the procedure are the same for all cases, even 
if the models and tools for assessing probability or consequence of failure may vary from one 
application to another. 

The procedure includes the initial analysis and planning, data collection and validation, 
multilevel risk analysis, decision making and action planning, execution and reporting, and 
performance review / evergreen phase. 



For each of the above steps the following elements are defined such as general description 
and scope, requirements, input, procedure, output and warnings and applicability limits. 

3 Practical application 

3.1  Qualitative approach  
Using average values for the units analyzed, relying very much on experts’ judgment and 
opinion, the qualitative assessment is rather an indicator than a real assessment. However, it 
is generally quick and relatively cheap, requiring less data and time, but intensive in experts’ 
knowledge. Qualitative analysis is usually based on scorecard like inquiry forms, like the one 
shown in Figure 2. An obvious advantage of the “qualitative” LoF analysis is its simplicity and 
direct applicability. Answering straightforward questionnaires leads to a clear answer (usually 
score) requiring clear decision. Disadvantages of this approach usually become apparent 
when: 

a) The scale of the assessment has to be changed (e.g. including “high implication  low 

probability” events on a scale initially designed for events having measurable 

frequencies say, within 1 to 10 years of operation); 

b) The list of factors considered has to be extended with new ones. 

Most important, in the “qualitative” approach, the link between score (“number of points”) 
often loses physical relation to physical probabilities or frequencies. The obtained final score 
is consequently practically useless outside the given reference systems so that e.g. 207 
points score in the “system of company A” may appear meaningless in the “system of 
company B”. 
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Z001 Econ inlet header 1 4 2 2 3
Z002 connecting tubes Eco 1:to 1 4 3 4.5 4
Z003 Eco 1 and Eco 2 1 2 3 4.5 4
Z004 Eco 1 and Eco 2 1 2 3 4.5 4
Z005 Eco 1 and Eco 2 1 2 3 4.5 4
Z006  branching pipes 1 2 3 3.5 4
Z007 Eco back wall and roof tubes 1 3 2 5 4
Z008 Eco back wall and roof tubes 1 3 2 5 4
Z009 connecting tubes 1 4 3 5 4
Z010 Front wall hanger tubes 1 4 3 3 3
Z011 connecting tubes 1 4 3 5 4
Z012 connecting tubes 1 4 3 5 4
Z013 connecting tubes 1 4 3 5 4
Z014 Hanger tubes of superheater and the roof 1 3 3 4.5 3  

Figure 2 An example of the non-structured LoF analysis based on company specific 
practice ( 



3.2 Quantitative approach 
More detailed or “quantitative” assessment implies generally a bottom-up analysis of the 
probability of failure. PoF is to be re-determined for each single item or group of items, e.g. 
by following one or both of the following principles: 

 generic statistical data from a component behavior database are re-examined and 
adjusted for the given item according to the equation below and Figure 3 
 

MEgenericadjusted FFFrequencyFrequency 
                  (1) 

 failure probability (likelihood) is calculated based on modelling of influencing factors, 
e.g. corrosion, fatigue, fracture toughness, extreme loads, etc., and including 
reliability of input data, especially data coming from inspections. 
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Figure 3 Elements of the equipment modification factor FE (API) 

For the probability (likelihood), analysis done based on frequencies recorded in the 
databases the following corrections are taken into account the equipment modification factor 
(FE) and the management system evaluation factor (FM). Generic frequency (generic failure 
frequency) is to be taken from the best available sources for a given type of equipment. 
However, the usefulness of generic databases is often questioned. Usual problems are 
numbers that vary a lot or tend to be very conservative, obtained frequencies that tend to 
mask specific features of the components (if populations are large), frequencies that tend to 
be unreliable (if only specific types of components are examined). In addition, any such data 
are by definition historical and do not reflect recent or future development that may affect 



them. Plant databases offer nowadays a possibility to directly assess relevant data according 
to, e.g.: 

 Inspection system/program/techniques 

 Operation parameters (pressure, vibration, chemical control, etc.) 

 Operating environment (moisture, temperature, etc.) 

 Operating constraints (load following vs. steady state) 

 Manufacturer 

 Size, rating, model, design, etc. 

 Other factors possibly influencing the failure rates 
The basic approach, shown in Figure 3 and Equation (1), deals with the need to have more 
details by aggregating the main factors from sub-factors. For instance, the equipment 
modification factor (FE) should take into account: 

a) the technical factors: materials of construction, process environment and inspection 
program 

b) the so-called “Universal Conditions” i.e. the conditions affecting all the items 
(components, systems, etc.) of a plant as whole 

c) the mechanical factors including models for the phenomena like thinning, corrosion, 
cracking, high-temperature hydrogen attack, brittle fracture, fatigue, etc. and reliability 
attached to the respective inspection techniques  

d) the process factors covering influences of the plant process onto equipment integrity. 
The management system evaluation factor (FM) adjusts for the influence of the plant 
management system onto the failure probability – it is generally same for all components, as 
long as they are all subdue to the same management system (more details about this are 
given by the API guideline RP 750 “Management of Process Hazards’). 

3.3 “Semi quantitative” assessment  
The “semi-quantitative” assessment is the way between the two extremes, described above. 
It is clear that the most convenient and practically applicable way would be to start with the 
“qualitative” analysis and then, if and when needed, refine its results gradually. This is 
usually needed only for certain parts of the analysis, e.g. when new data on frequencies of 
possible failure become available. In such cases, practical problems are usually how to 
choose the right level of analysis when faced with different types of data (e.g.) 

a) expert’s opinion, say “components made by manufacturer A are generally more 
susceptible to corrosion than those of manufacturer B” 

b) Results of statistical analysis show that “the frequency for manufacturer C is 
0.0423 failures / component-year with confidence level of 95%”. 

This need has been recognized by API, CWA and VGB. The approaches usually foresee 
several levels between “qualitative” and “quantitative” analysis (e.g. 5 levels), which resolves 
to a high degree the problem of choice between the two types of analysis, but not the 
problem of “gradual scaling”. In other words the “semi-quantitative” analyses, as currently 
defined by API, does allow to choose one “most appropriate level”, but does not allow to 
combine several different levels in the same analysis– in the example above, a more 
“qualitative” level for the statement (a) and the more “quantitative” level for the statement (b).  
Multilevel risk and PoF analysis 

Risk analysis consists of the following steps: 

a) Identify hazards 

b) Identify relevant damage mechanisms and failure modes 

c) Determine probability of failure (PoF) 

d) Determine consequence of failure (CoF) 



e) Determine risk and classify equipment 
Multilevel risk analysis defines the risk assessment in terms of (i) complexity of the analysis 
(e.g. from the simplified/screening analysis to the detailed one), and in terms of and (ii) plant 
hierarchy level (depth). Accordingly, there are two levels of risk analysis, namely risk 
screening and detailed assessment. Risk screening divides the systems and groups of 
equipment into two groups: high-risk items and medium/low risk items. The high-risk items 
should be analyzed in detail. The medium risk items should be considered additionally in 
order to decide if minimum surveillance or detailed assessment should be followed. The low 
risk items should only require minimal surveillance to verify and ensure that the assumptions 
made during the screening process remain true. This could, for example, lead to verifying the 
condition of a painting, coating, functional compliance or the correct undistorted position of a 
structure. If information is missing during the screening so that the risk associated with the 
equipment cannot be determined, the equipment should be regarded as having a high risk 
and reassessed using a more detailed assessment. 
The detailed assessment differs from screening in the depth of detail required for analysis 
and hence involves considerably higher work effort for the assessment. For each system or 
group of components, the relevant degradation mechanisms shall be identified and the 
extent of damage shall be estimated. Furthermore, the most likely damage development 
shall be determined. Based on this information, the maximum time interval to the next 
inspection / maintenance activity shall be determined subject to the condition that the health, 
safety and environmental risks remain acceptable (as defined in the acceptance criteria). 
This should then be combined with inspection / maintenance cost and inspection / 
maintenance effectiveness to derive cost optimal maintenance / inspection intervals such 
that the health, safety, and environmental, risks are acceptable, i.e., the acceptance criteria 
are satisfied 

3.4 Application in a large energy supply system 
The above approach is currently applied in a large energy system comprising over 40,000 
MWe of installed electrical power.  The project comprises development and implementation 
of a RBI Management System for large coal fired and one nuclear power plants. The 
approach adopted follows the best practices worldwide (Europe, Germany, US...) and it is 
primarily based on the European CWA 15740:2008, including elements of the solutions 
proposed by VGB, DNV, TWI, EPRI, large utility companies and other major stakeholders in 
the area of RBI. The main goal is to have a system certified and fully compliant with national 
regulation and its optimized plant life cycle management strategy. 

The certified Risk Based Inspection (RBI) program will be performed at 3 basic levels 

 Level 1: screening scoring 

 Level 2: detailed scoring 

 Level 3: detailed analysis 

The application of the approach and the procedure is supported by the development of the 
internal company documentation for Risk Based Inspections describing its main elements 
and pilot software which will serve as  

 support for application of the approach in the pilot plant and 

 de facto specification for the developments of the final company-wide solution, 
integrated/embedded into other company-wide solutions and interacting with the 
existing systems such. 

Multilevel risk analysis is the key elements of the approach and the procedure are  

 Following principles, terminology and conventions of ISO 31000/31004 

 Ease of transposing results into different systems (e.g. Eskom IRM) 



 The 2x2/3x3 matrix for screening analysis (Level 1, Figure 4) 

 The 5x5 matrix for Level 2 and 3 analysis 

 Options for different matrices for different types of consequences (e.g. Health or Financial) 

 4 levels of risk 

 

 

Figure 4 Screening vs. detailed analysis in the application case 

Analysis of likelihood (probability) of failure (PoF) follows the principle that the generic failure 
frequency, e.g. as obtained from generic or historical data (including those of the company), 
are to be corrected by the (normalized) score for 

 Factors related to the state of the components, its material, operation and 
construction data (e.g. including factors suggested by VGB S 506) – the “equipment 
modification factor FE”, and 

 Factors related to management (the “management evaluation factor FM”) 

Risk matrices obtained by the procedure above are those adopted by a thorough discussion 
with the company. The peculiar features taken care of are, for instance, the need to include 
the high-impact low probability events and the wish to have the data acquisition feasible with 
simple tools not requiring sophisticated installations and/or training of personnel. 

Database of components, factors and analyses stand in the background of the procedure in 
order to support the huge amount of data expected to processed in the project (up to 5,000 
components might be needed to be covered per each unit, which can mean up to several 
hundreds of thousands of components altogether, for all plants). 

4 Conclusion 
The approach presented here is largely based on one of CWA 15740:2008 document and 
some of the considerations related to PoF, presented in this document, will be included into 
the expected “upgrade” of the CWA towards an EN (the action in progress, the secretariat 
assigned to the Dutch standardization body NEN). In addition, the ideas are being further 
elaborated in the EU project “SafeLife-X: Safe Life Extension management of aged 



infrastructures networks and industrial plants” (http://www.safelife-x.eu-vri.eu/). The project 
will be searching for the new ways to extend the service life of current infrastructure networks 
and industrial plants without jeopardizing their safety requirements need to be investigated in 
order to guarantee a decrease of major accidents in the industry and major disruptions of 
economic activity. This will include new risk-based inspection technologies, innovative 
reliability-based solutions, comparison between deterministic and probabilistic approaches, 
influence of degraded physical state on potential domino effects, and resilience. Methods 
and technologies vary between industrial sectors and therefore a benchmark study is 
necessary to understand the practices in the various industries and Member States, and to 
prepare the deployment of best practice solutions in Europe without compromising on safety 
and sustainability.  

RIMAP framework is applicable to industries other than those directly addressed 
(petrochemical, chemical, power, and steel), however it is limited to non-nuclear applications. 
The RBIM framework only applies to systems and equipment in the in-service phase of the 
operation. For the design or fabrication phase, the relevant legislation and engineering 
standards shall be followed. If RIMAP principles or procedures are used, it shall be ensured 
that all measures comply with local and national legislation. While applying RBIM following 
aspects should be kept in mind that an RBIM assessment is only as good as input data 
provided, and that RBIM is not a replacement for good engineering practices/judgment. 

The overall RIMAP approach is in general compatible with most other major risk-based 
approaches such as those designed by API, VGB or ASME and intended broadly for similar 
purposes. However, while the principles are largely similar, the user is warned against 
expecting identical results. There are differences in detail that may result in significant 
differences when using different approaches on the same plant, case or system. For 
example, unlike most other known approaches, RIMAP was originally designed to be in 
principle industry independent and providing seamless transfer between different levels of 
analysis (ranging from screening to detailed). 
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Abstract 
In the framework of an ongoing work, a combined creep-viscoplastic constitutive model is 
proposed to simulate the thermo-mechanical responses of high-Cr steel components. In this 
model, the total inelastic strain rate is split into the creep strain and the viscoplastic strain. 
For the creep strain, the Larson-Miller parameters are adopted to evaluate the minimum 
creep rate and the average rupture time at different temperature and stress levels. The cyclic 
viscoplastic strain is modeled through the conventional constitutive theory proposed by 
Chaboche et al. The viscoplastic strain rate is governed by the ONERA exponential viscosity 
function. The cyclic softening effect, time recovery effect and temperature rate effect are 
taken into account in the kinematic and isotropic hardening rules. Furthermore, the ratcheting 
effect is considered in the kinematic hardening rule by adopting one of the models proposed 
by Ohno and Wang (OWII). All the material parameters in this model can be retrieved from 
relatively simple experimental tests, e.g., long-term uniaxial loading tests, isothermal cyclic 
loading tests, tension-relaxation tests, etc. The constitutive equations are integrated by using 
the Euler backward method. It is revealed that the thermal-mechanical response of high-Cr 
steels can be predicted at a quantitative level by using the current model. This constitutive 
model is further implemented within an in-house FE program and in the commercial software 
ANSYS. The creep and fatigue behaviors of high-Cr steel components under various loading 
conditions will be simulated based on the implemented solution.  

1 Introduction  
In the context of the latest development tendencies of conventional power plant technology, 
the requirements with regard to materials and their resistance to potential creep, fatigue and 
in a wider sense also ratcheting are challenging both from the point of view of materials 
technology and stress and strength analysis. Regarding the design code based component 
dimensioning (what is a reasonable and consolidated component thickness?) and creep-
fatigue assessment, the need for further R&D activities towards comprehensive concepts is 
obvious. The practical applicability of approaches based on linear elastic stress analysis is 
rather limited in this context. There is a growing need for the application of advanced material 
models which are able to simulate the above mentioned phenomena and which have to be 
implemented effectively within finite-element program codes. This constitutes the basis of an 
advanced component design.  

The central aims of the development of power plant technology have been the high thermal 
efficiency in view of economics and low carbon dioxide (CO2) emission in view of 
environmental protection. The most efficient approach to achieve these goals is increasing 
the temperature and the steam pressure in the power plants [1]. The next generation of 
steam power plants (ultra supercritical) will be operated at steam conditions of 350 bar/650-
700°C and their efficiency will be over 50%. High-Cr steels (e.g., P91, P92, E911) have been 
employed as the key materials for high temperature structural components in Ultra 
Supercritical power plants [1,2]. However, degradation of the creep strength of high-Cr steels 
during long-term services has been reported [3], which was induced by the type-IV damage 
in welded joints of high-Cr steel components. Besides that, as pointed out by Mohrmann [4], 
due to the increase of renewable energy production and the priority of this energy, the 
components in conventional power plants need to undergo flexible thermal-mechanical 
loadings due to the startup and shutdown processes of the power plants. The flexible 
thermal-mechanical loadings on high-Cr steel components may produce different damage 
characteristics compared to the established practice such as non-destructive investigation 
procedures. Although the mechanical behaviors of high-Cr steel components have draw 
more and more research interests (both experimental and theoretical) during the past few 
years, the current research progress is far from a satisfactory state. 

In our opinion, to properly simulate the responses of high-Cr steel components subject to 
complex thermal-mechanical loading conditions, both the creep and viscoplastic strains need 



to be taken into account. In our current model, the framework introduced in Becker and 
Hackenberg [5] are adopted, in which the total inelastic strain rate is split into a creep part 
and a viscoplastic part. For the creep strain, the Larson-Miller parameters will be used to 
evaluate the minimum creep rate and the average rupture time under various temperature 
and stress levels [6]. The cyclic viscoplastic strain will be modeled through the conventional 
constitutive theory proposed by Chaboche and his coworkers [7,8]. Furthermore, the 
ratcheting effect will be captured by adopting one of the models proposed by Ohno and 
Wang (OW II) [9]. The material parameters involved in this model are determined based on 
the testing results introduced in Kimura et al. [10] and Saad [11]. The current constitutive 
model is further implemented within a finite element program. It can be seen that the thermo-
mechanical response of high-Cr steel materials can be predicted at a quantitative level with 
the obtained numerical results. 

2 The combined creep-viscoplastic constitutive model 

2.1  Theoretical formulation of the constitutive model 
Our current model is formulated in a small strain framework and the material is assumed to 
be isotropic. The constitutive equations of the current model are summarized in Table 1. 

First, with the assumption that the inelastic strain in metals is isochoric, the total strain tensor 
at one material point is decomposed into three terms, including the volumetric strain tensor 

, the elastic part of the deviatoric strain tensor  and the inelastic strain tensor . 

Due to the assumption of small strains and isotropic material, the elastic strain and stress 
tensors satisfy the Hooke's law, where the bulk and shear moduli are denoted as  and , 

respectively.  

Following the framework of Becker and Hackenberg [5], the total inelastic strain rate  is 

decomposed into two parts. One is the viscoplastic strain rate  and the other is the creep 

strain rate . For the viscoplastic strain rate, the ONERA's exponential viscosity function 

is adopted (cf. Item 4 in Table 1), which depends on the viscous stress  and involves three 

material parameters . This exponential viscosity function can be used to 

capture the saturation effect at high stress (or strain rate) levels. The definition of the viscous 
stress  depends on the backstress tensor , the isotropic hardening variable  and the 

initial yield stress . For future convenience, we denote the deviatoric part of the backstress 

tensor  as . The creep strain rate  is further decomposed into the multiplication of 

two terms [5]. One is the steady creep strain rate  during the secondary creep stage 

(which is assumed to be a function of ), and the other is the accelerated creep strain 

rate  during the tertiary creep stage (which depends on a damage variable ). Following 

the approach introduced in Kimura and Takahashi [6], the constitutive form of  is defined 

through a Larson-Miller parameter  with a second order polynomial equation of the 

logarithm of stress (cf. Item 3 in Table 1). The evolution of the creep damage variable  

depends on a function , which represents the average creep rupture time at the given 

stress level . The constitutive form of  is defined through another Larson-Miller 

parameter . It should be noted that the parameters  are 

independent of the absolute temperature .  

The Chaboche-type kinematic hardening rule is proposed in the current model, where the 
(deviatoric) backstress tensor  is considered as the summation of three backstress 

components . The dynamic recovery term in the kinematic hardening rule is chosen 

as the form of the OW II model [9]. For the static recovery term, a simple constitutive form is 
adopted. This simple static recovery term was also used in [12] and its justification was 
revealed in Harth and Lehn [13]. The final term in the kinematic hardening rule captures the 
temperature rate effect, which plays an important role in simulating the thermo-mechanical 



 
Table 1. Summary of the constitutive equations 

 

1. Decomposition of total strain tensor:  

  

2. Hooke's law: 

  

3. Total inelastic strain rate:  

  

4. Viscosity function: 

  

5. Creep damage evolution: 

  

6. Kinematic hardening rule:  

  

7. Isotropic hardening rule: 

  

 

responses of high-Cr steels. The static recovery effect and the temperature rate effect are 
also considered in the isotropic hardening rule (cf. item 7 in Table 1). With the kinematic and 
isotropic hardening rules proposed in the current model, we can simulate the cyclic softening 
effect, ratcheting effect, static recovery effect, and temperature rate effect in cyclic 
viscoplasticity.  

For the purpose of clearness, the structure of the current combined creep-viscoplastic 
constitutive model is illustrated in Fig. 1.  

 



 

 

 

2.2  Algorithmic formulation of the constitutive model 
Following the numerical scheme proposed in Becker and Hackenberg [5], the Euler 
backward integration algorithm is developed for the constitutive equations summarized in 
Table 1. The following introduced algorithm is applied locally at every integration point, which 
is suitable for future implementation in a finite element (FE) software. 

Considering a time interval , the time increment is defined as . For a 

strain-driven problem, at time  the total strain tensor , the absolute temperature  and 

the state variables  are already known. At time , the total strain 

tensor  and the temperature  are given (the subscript ‘ ’ is omitted for brevity). It 

should be noted that with given value of , the relationship between  (or ) and  can be 

determined through the following equation 

  

The independent variables in a strain-driven problem are chosen as . 

Corresponding to the independent variables, the residual equation system of the constitutive 
model is given by 

  

where    

Figure 1. Overview of the features of the combined creep-viscoplastic constitutive model. 



  

By solving (3), one can obtain the independent variables  at time . However, as (3) is a 

set of nonlinear equations, the Newton's iteration method needs to be used to derive the 
numerical solution. For that purpose, we consider the linearization of the residual equation 
system 

  

where the algorithmic tangent operator takes the following format 

  

Generally, it is very complicated to calculate the tangent matrix . In the current work, the 

explicit expression of  is derived by using the software `Mathematica'. Based on the above 

preparations, we can formulate the integration algorithm for the strain-driven problem, which 
is presented in Table 2.  

Table 2. The integration algorithm for the strain-driven problem 

1. Given at time : . 

2. Given at time : . 

3. Set the initial guess for the unknowns : 

  

4. Check convergence: if  , EXIT. 

5. Calculate the algorithmic tangent operator . 

6. Solve the linearization system: . 

7. Update the unknowns: . 

8. Go to step 4. 



 

To be prepared for future implementation in a general finite element context, the tangent 
moduli consistent with the integration algorithm should also be calculated. The following 
numerical scheme for calculating the consistent tangent moduli was proposed in Becker and 
Hackenberg [5].  

First, If  and  are assumed to be fixed parameters, the stress tensor  can be 

viewed as a function of the total strain , i.e.,  The tangent 

moduli consistent with the algorithm is then defined by [14]:  

  

In a neighborhood of , we have . The stress tensor  can be decomposed 

into the volumetric part and the deviatoric part. Accordingly, we consider the decomposition 
of the consistent tangent moduli in the following form 

  

It is easy to see that the volumetric consistent tangent moduli should be given by 

  

For the deviatoric part of the consistent tangent moduli, it can be defined through the 
deviatoric stress tensor  in the following form 

  

For any given value of ,  is in fact determined by the residual equation system (3), which 

implies that  holds for any strain . By calculating the total derivative of  in terms of , 

we obtain the following result  

  

where  is the algorithmic tangent operator given in (5) and  

  

  

Notice that the first component (  block) of  is just the deviatoric consistent tangent 

moduli that we need to calculate. Matrix  has already been calculated during the integration 

algorithm. Matrix  can be easily calculated by virtue of (3). In fact, the only nonzero 

component of  is . Then, by solving the linear system given in (10), we can 

obtain the matrix . By drawing the first  block from , the deviatoric consistent tangent 

moduli  can be obtained. The total consistent tangent moduli is then given by the 

summation of  and . 



2.3  Determination of the material parameters 
The experimental results to be used for parameter identification are mainly taken from 
Kimura et al. [10] and Saad [11]. In Table 3, we list all the material parameters appearing in 
the model. 

Table 3. Material parameters in the constitutive model 

1. Elastic parameters: . 

2. Viscosity parameters: . 

3. Kinematic hardening parameters: . 

4. Isotropic hardening parameters: . 

5. Creep parameters: . 

6. Static recovery parameters: . 

 

As both the creep and viscoplastic strains are taken into account, the coupling effect of these 
two inelasticity mechanisms would make the parameter determination very complicated. 
Thus, we first need to analyze under which condition one of the mechanisms plays the 
dominant role and the other one can be neglected.  

Generally speaking, if the applied external stress is less than the initial yield stress  (i.e., in 

a low-stress regime), the viscoplastic strain cannot be activated. In this case, the material 
can only undergo creep strain. On the other hand, if the applied external stress is greater 
than  (i.e., in a high-stress regime), the mechanism of viscoplastic strain will be activated 

and it usually induces a much larger strain rate than that of the creep strain. In this case, we 
can neglect the creep strain and only consider the viscoplastic strain. Thus, the initial yield 
stress  plays an important role in the determination of material parameters. 

In this model, to identify the value of the initial yield stress , we consider the first cycle of the 

loading-dwell tests introduced in Saad [11]. During the stress relaxation period, the total 
stress tends to a limiting value. Because the total strain is held constant, the viscoplastic 
strain rate  should tend to zero as the holding time increase, which implies that the viscous 

stress  tends to zero. As only the first loading cycle is considered, the isotropic variable  

is small and can be neglected. Furthermore, due to the static recovery effects in the 
kinematic hardening rules, the backstress  should also vanish after a long relaxation time. 

Then from the definition of viscous stress (cf. item 4 in Table 1), it can be found that the 
limiting value of the total stress  just equals the initial yield stress . 

The material parameters  associated with the average creep rupture time 

and  associated with the minimum creep strain rate can be fitted directly with 

the experimental results (in low stress regime) reported in Kimura et al. [10]. Besides that, 
the parameters  can also be determined by using the values of 

 and the linear Monkman-Grant relationship, vice versa. The parameter  

is adjustable such that the creep curves during the tertiary creep stage can be simulated.  

The Young's modulus  can be identified from the slope of the linear region of the stress-

strain curves during the first quarter loading cycle. Different from the material parameters 
related to the creep strain, the value of  depends on the temperature. Once the value of  

is obtained, the bulk modulus  and shear modulus  can be determined.  



To determine the parameters , the evolution of the stress range against number 

of cycles data obtained from a cyclic loading test will be used. In a simple case, if the static 

recovery parameter  is taken to be zero, parameter  can be chosen as the difference of 

the maximum stress in the first cycle and in the stabilized cycles. Parameter  is adjustable 

such that the maximum stress evolution curve can be fitted.  

The parameters  in the kinematic hardening rule can be determined by 

considering the loading portion of the first stress-strain cycle during the cyclic loading tests. 
The scheme for determining these parameters has been introduced in Abdel-Karim and 
Ohno [15]. The parameters  in the kinematic hardening are adjustable such 

that the simulation can fit the ratchetting experiments [15]. Generally,  are chosen to be 

equal to each other. 

To identify the viscosity parameters , the relationship between the viscous 

stress  and the viscoplastic strain rate  has to be established based on the testing data. 

Usually the long-term creep tests (in high stress regime) or cyclic loading tests with a wide 

range of plastic strain rate (e.g., ) need to be used. 

Finally, the parameters  corresponding to the static recovery effect of the 

backstress components can be identified by using the stress relaxation data during the first 
cycle of the loading-dwell tests.  

For the purpose of illustration, we identified the material parameters involved in this model for 
P92 steel. Some simulation results calculated with the identified parameters are introduced in 
next section. 

 

3 Simulation of the thermo-mechanical responses of P92 steel 

To demonstrate the validity of the constitutive model proposed in the previous section, we 
shall use this model to simulate the thermo-mechanical responses of P92 steel under several 
different loading conditions.  

First, we consider the local response of P92 steel at one material point (Gauss point). To 
simulate the experimental results obtained from the cyclic loading tests, a strain-driven 
problem is solved. In Fig. 2, the predicted stress-strain curves of the 1st and the 300th cycles 
during an isothermal cyclic loading tests (strain range: -0.5~0.5%; strain rate: 0.1%/s) are 
plotted, where the experimental data [11] are also presented for the purpose of comparison. 
In Fig. 3, the predicted stress relaxation curves during the first cycle of loading-dwell tests at 

 and  are plotted. In Fig. 4, we show the predicted stress-strain curves during the 

first loading cycle of the in-phase and out-of-phase thermomechanical fatigue tests (cf. Saad 
[11] for the loading pattern of the thermomechanical fatigue tests). From Figs. 2-4, it can be 
seen that the thermo-mechanical responses of P92 steel under the different loading patterns 
can be simulated at a quantitative level, which reveals the validity of our current model in 
predicting the cyclic viscoplastic strain of P92 steel. 

We further study the response of P92 steel subject to uniaxial long-term creep loadings. In 
this case, we need to solve a stress-driven problem. The Euler backward integration 
algorithm for a stress-driven problem has also been developed. At , 

we simulate the creep deformation of P92 steel subject to several different loading stresses. 
In Fig. 5, the predicted minimum creep rate and average rupture time are compared with the 
experimental results reported in Kimura et al. [10]. In Fig. 6, we show the simulated creep 
curves at different temperatures and external loading conditions. From Fig. 6, it can be seen 
that secondary (steady) and tertiary (acceleration) creep stages can be properly modeled. 



 

 

 

 

 
 
 

Figure 2. The predicted stress-strain curves during the first and the 300th cycles of 
isothermal cyclic loading tests at  (a and b),  (c and d) and  (e and f) 

(solid curve: model, dots: test results from [11]). 

Figure 3. The predicted stress relaxation curves during the loading-dwell tests at 
 and  (solid curve: model, dots: test results from [11]). 



 
 
 
 

 

 

 

 

 

 

 

Figure 4. The predicted stress-strain curves during the first and the 300th cycles of 
isothermal cyclic loading tests at  (a and b),  (c and d) and  (e and f) 

(solid curve: model, dots: test results from [11]). 

Figure 5. Comparison of the predicted minimum creep rate (a) and rupture time (b) 
with the experimental results  (solid curve: model, dots: test results from [10]). 

Figure 6. The strain rate curves predicted at  and several stress levels (solid 

curve: model, dotted curve: test results from [10]). 



However, our current model cannot capture the feature of the creep curves during the 
primary (transient) creep stage. This problem needs to be solved in our future work. 

The material constitutive model proposed in section 2 has been implemented in an in-house 
FE program as well as in the commercial FE software ANSYS. As an example of the finite 
element simulation, we shall study the mechanical responses of a cuboid high-Cr steel 
specimen subject to isothermal cyclic loading. Suppose the specimen has dimensions of 

, as illustrated in Fig. 7. For convenience, we set up a Cartesian 

coordinate system such that the x-axis parallels to the long edges of the specimen and y- 
and z-axes parallel to the short edges. To be consistent with the experimental setting 
introduced in Saad \cite{saad2012}, we propose the following mechanical and thermal 
loading conditions on the specimen surface: 

  

where  is a periodic function corresponding to the loading cycle with maximum strain 

 and strain rate . 8-node hexahedron elements are adopted in the discretization 

of the specimen and we consider the case that the specimen is meshed into sixteen 
elements. The numerical solutions are derived through the FE program and the mechanical 
responses of the high-Cr steel specimen can be simulated.  

In Fig. 8, we plot the modeled average stress-strain curves of the specimen during the first 
loading cycle at  and . In Figs. 9 and 10, the distributions of the axial stress 

component  and the accumulated plastic strain  in the specimen during the cyclic 

loading process are shown. The information on the distributions of these state variables 
could be very useful for component design. For example, one can see clearly in which 
portion of the specimen the stress or the plastic strain attains the maximum value. 

 

 

 

 

 

Figure 7. Illustration of the geometrical dimensions of the cuboid specimen and the 
boundary conditions. 



 

 

 

 

 

4 Conclusions 

In this paper, we introduced our modeling work on the creep and fatigue behaviors of high-Cr 
steel materials (e.g., P91, P92, E911) subject to thermo-mechanical loading conditions. The 
main feature of our constitutive model is that both the creep and the viscoplastic strains are 
taken into account. Thus, our model can be used to study simultaneously creep and fatigue 
damages in high-Cr steel components.   

The framework of our current model was mainly adopted from Becker and Hackenberg [5], 
that is, the total inelastic strain rate was split into a creep part and a viscoplasticity part. 
Suitable constitutive equations were proposed for these two kinds of inelasticity mechanisms. 
The coupling effect of creep and viscoplasticity would make the identification of material 
parameters very complicated. Through some analyses, we found that the initial yield stress  

can be viewed as the boundary stress value between the low and high stress regimes. In the 
low stress regime, only the creep strain is activated, while in the high stress regime, the 
mechanism of viscoplasticity plays the dominant role. With this consideration, the involved 
material parameters were determined based on some existing testing results for P92 steel. It 
was shown that our current model can predict the thermo-mechanical responses of P92 steel 
at a quantitative level. The material constitutive model was further implemented into an in-
house FE program and into the commercial FE software ANSYS. As a first example of finite 
element simulations, we studied the mechanical response of a cuboid high-Cr steel 
specimen subject to cyclic loading.  

In our future work, the creep and fatigue behaviors of high-Cr steel components with practical 
shapes and dimensions will be simulated. Furthermore, based on the implemented material 
law, we shall derive an appropriate damage accumulation rule, where the creep, fatigue, as 
well as the ratcheting effects will be taken into account. 

 

 

 

 

 

Figure 8. The modeled average stress-strain curves of the high-Cr steel specimen 
during the first loading cycle at  (a) and  (b) (solid curve: model, dots: test 

results from [11]). 



 
 
 
 
 
 

 

 

 

 

 
 
 

Figure 9. Distribution of the axial stress component  in the specimen during the 

cyclic loading process at : (a) 0 sec; (b) 5 sec; (c) 10 sec; (d) 15 sec; (e) 20 sec; 

(f) 25 sec. 



 
 
 
 

 
 
 
 
 
 

Figure 10. Distribution of the accumulated plastic strain  in the specimen during the 

cyclic loading process at : (a) 0 sec; (b) 5 sec; (c) 10 sec; (d) 15 sec; (e) 20 sec; 

(f) 25 sec.. 
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Abstract 
With the energy transition and fluctuating feed-in of renewable electricity large fossil power 
plants must be operated more flexibly. Frequent starting and stopping as well as prolonged 
partial load operation have an impact not only on efficiency and emissions, but also place 
more demands on materials and components than ever before. This requires a rethinking of 
the operating regime and maintenance strategies that are adapted to this operation mode, 
not only from a purely technical view, but also in light of technical controlling with regard to 
the necessary investments. In doing so, the expected life-cycle cost for this mode of 
operation must be taken into consideration. To make existing and new power plants more 
flexible, a holistic approach that enables efficient, economic and safe operations is a must. 
This will ensure that more flexible and demand-oriented plants are available on the market. 
The operation of more flexible existing plants makes sense since, on the one hand, they are 
depreciated and on the other they are existing resources that can be utilised. Since we will 
still need conventional power plants in the future, we should seize the opportunity to provide 
well-designed existing power plants. 

	

1 Terms of reference 
Over the next years, both new and existing power plants will have to deal with more flexible 
modes of operations that involve high numbers of load changes. In the future, many power 
stations will no longer inevitably operate at full-capacity, but more frequently run in part-load 
operation to respond to, say, the fluctuating feed-in of electricity from renewable sources. 

Consequently, power stations will have to operate more often and for longer periods in load 
ranges for which they were not originally designed. While this is basically possible, given that 
specific improvement measures can be taken to enhance the flexibility of many power 
stations and render them fit for this new mode of operation, stakeholders tend to overlook 
that this involves more than changing the technology – the strategies that ensure an optimum 
mode of operation and the associated maintenance programmes must also be aligned. In 
addition, economic considerations must also include implemented technical governance 
aimed at taking suitable measures to optimise both the mode of operation and life-cycle 
costs. 

	

2 What is the future energy mix all about? 
In the future, transmission network operators will increasingly have to control power plant 
operation to keep the grid stable. Plants that were shut down must be reconnected to the grid 
to provide the reserve capacity required for preventing the worst-case scenario of a blackout. 
Present conditions of strong winds in Northern Germany have caused the power grid to be 
flooded with too much power, so that Austria started up its reserve power stations to keep 
the systems balanced from north to south. Improved flexibility is thus primarily directed at 
ensuring secure power supply. 

Given this, we must also be aware of the fact that the efficiency discussions of the past are 
no longer productive. What counts for future grid strategies is to ensure that base, medium 
and peak loads match the demand. Consequently, we need no longer focus primarily on the 
thermal efficiency of these plants, but on their capacity utilisation within the energy-supply 
system. 

	



3 Feasible technical solutions 
In view of this development, we need to transform power plants running at base, medium and 
peak load range into more flexible generating units. Feasible options for existing power 
stations include lower minimum loads, faster load changes and improved startup and 
shutdown operations. Mechanical changes and adaptation of process control systems play 
an important role in this context. Further options include different types of coal mills, reduced 
minimum loads without assistant fuel, changes in load management, maximising use up to 
the design margins and increasing live steam temperature close to the design limit. For this 
purpose optimised temperature sensors must be installed which can control temperature 
near the design limit and thus enable the difference of 5K from the maximum design 
temperature required by the relevant standard to be reduced to 1 K (this option is only 
possible if the experts can ensure that there have been no peculiar changes in the 
microstructure of the material). These sensors must further permit measurement of the actual 
service parameters to ensure service temperature can be reduced should changes in the 
material's microstructure occur. This option thus permits exact temperature control, which in 
turn may slow down life reduction but may also require a different approach to possible 
standard requirements. In addition, components may have to be replaced. Another possible 
option refers to the installation of thermal storage systems for additional heat storage, for 
example in an integrated district heating network. Overall, there is still a lot of untapped 
potential. 

This more flexible grid-focused or grid-aligned mode of operation thus makes special 
demands on plants, their conditions and their maintenance strategies. Parties interested in 
more flexible power plants must reconsider their original design and service parameters, not 
forgetting to align the maintenance and inspection strategies at the same time. After all, we 
must not underestimate the impacts of altered modes of operation with greater numbers of 
faster load changes on the estimated service life of individual components. 

In this context it is important to have accurate information about the current condition of a 
plant. Experts must ask themselves the following questions: which incidents in the plant may 
cause special defects? Which inspection methods can be used to ensure timely detection of 
these defects? What assessments and what measures must be carried out so that the 
reliable operation of the plant can be continued? These questions essentially concern plant 
components which, based on the mode of operation and due to abrasion, erosion, cavitation 
and corrosion, are especially vulnerable to wear caused by high temperatures and overlying 
additional stresses, creep strain in the material, higher cyclic loads caused by unscheduled 
startup and shutdown events (transient strain) or exposed to special and unforeseeable 
stresses caused by vibration, overloads or subsequent changes in the mode of operation. 

The solution is a comprehensive analysis of the total system and its current operating 
conditions, which should be based on years of experience. Such an analysis can also identify 
specific events and issues to ensure that suitable inspection and calculation methods will be 
put to optimum use on selected components in the future. On the one hand, this prevents 
cost-intensive general diagnosis. On the other hand, isolated tests and inspections and 
individual random measures without reference to the total system are not very helpful (for 
example, microstructure analysis or non-destructive testing on individual components) – 
especially for plants with longer service lives. Inspections should always be embedded in a 
system-related context (Figure 1). 

	



	

Figure 1.  
Assessing the overall quality requires technical knowledge and experience (Source: TÜV SÜD 
Industrie Service). 
	
Qualified statements on the actual condition of a plant and its components thus primarily 
depend on understanding its real mode of operation, knowing which defects have been 
detected in the system and being aware of the condition identified in system analysis while 
taking into account possible unidentified defects. 

The only solution to determining whether a plant is operable is through an integrated system 
analysis that considers all possible acceptable faults or defects (fault status) (Figure 2). One 
fundamental criterion for such an analysis is to link the operational loads with their effects on 
individual areas. For this purpose, plant experts carry out carefully selected inspection 
measures, analyses and tests to document the actual condition. Starting from there, 
statements can be made concerning the continued operation of a plant under changed 
framework conditions and future service scenarios can be developed. 

	



	

Figure 2.  
Design, strain and acceptable fault status are linked: For an exact evaluation of design, operating 
mode and maintenance, the respective strain and all relevant influencing factors have to be 
considered (Source: TÜV SÜD Industrie Service). 
	

4 Options offered by efficiency and process control systems 
Improving flexibility can be a good starting-point for implementing retrofit measures at a plant 
or a site. After all, power plants that efficiently feed in electricity when needed and offer high 
capacity utilisation are more important than ever. However, for this more flexible mode of 
operation, especially in lower load ranges, many aspects must be taken into consideration. 
For coal-fired plants, ways must be found to reduce the required assistant fuel, thus 
minimising specific fuel consumption and, in parallel, cutting emissions through further 
primary measures. 

Modernised process control systems aligned to the operation of the plant can play a 
significant role in this context. The implementation of more complex process control systems 
offers the opportunity for timely, integrated and event-focused monitoring of processes and 
procedures, increasing plant availability and safety. Improved safety is ensured not least 
through the definition of uniform safety integrity levels for a plant, where possible on the 
basis of standards, and by pointing out procedures and possibilities to furnish evidence of 
compliance with these requirements. 

For cost reasons, experts are also considering centralising the process control systems 
available at sites. This measure aims at more efficient "operation and monitoring" of 
individual plant areas, saves manpower and would thus ultimately slash costs. However, 
experts should consider that adaptation of the control systems to these new operating 
conditions will not be enough on its own. The measure must be accompanied by a change in 
maintenance efforts – particularly at the periphery of the system. 

While minimising manpower requirements, the pooling of operation and monitoring makes it 
more difficult to detect events in individual plant areas and is therefore associated with higher 



operational risks. The optimum registration of hazards and risks so far identified by staff on 
site may no longer be ensured, so that additional technological and automated measures 
may become necessary. Consequently, in the system's periphery hardware would have to be 
modernised, necessary sensors installed and I & C systems added to provide for online 
transmission of their signals and information to the appropriate control centres. 

Whether existing standard requirements and available approvals cover these measures is 
currently being debated. The term "monitored operation" has been reliably defined in the 
currently applicable codes and standards such as the Technical Rules for Steam Boilers, and 
must be differentiated from the term "permanently monitored operation". Basically, the 
following question must be asked: Is it possible to reliably determine potential "faults" and the 
hazards and risks they involve in terms of response time in order to describe possible effects 
and risks in the system's periphery? 

Another issue concerns existing process control systems that have been operated for longer 
periods and for which, in some cases, suppliers have announced they will discontinue 
support. What happens with these process control systems in the field of maintenance? In 
practice, this means: can operation of the existing systems be continued in the current 
standard environment against the backdrop of EU Directives, German laws and regulations 
on quality and occupational health and safety? 

On the basis of applicable codes and standards, what consequences will arise from the 
installation of new systems and any measures resulting therefrom? 

Can old and purchased equipment be used, and how can plant owners and operators 
evaluate whether third-party suppliers are acceptable to carry out repairs and provide 
services? Which tests, purchasing characteristics and legal restrictions must be complied 
with? 

Do devices and systems already in operation require new certificates or do they fall under 
the 'grandfathering principle'? 

The EN 61511 standard provides a good basis for assessing this type of modernisation 
measures and for making the necessary adjustments. The standard is applicable to the 
process industry and defines quantitative and/or qualitative safety objectives for electrical, 
electronic and programmable electronic systems (E/E/PES) in the form of safety integrity 
levels (SIL). However, in this context the focus should not be on fulfilling an SIL but on 
assessing the overall function of the system as a whole. Given this, the application of the 
standard requires the assessment and implementation of procedure- and process-related 
requirements within a system context. 

The process descriptions included in the standard make it imperative to adopt an integrated 
approach which covers all procedure- and safety-related requirements of a plant. The 
standard also focuses on cost-efficient plant operation, which is intended to prevent "over-
engineering". The EN 61511 explicitly emphasises that not only complex E/E/PE systems, 
but also external devices or other technologies should be used to reduce the safety, health 
and environmental (SHE) risks involved in the operation of process plants. The primary goal 
is to check plausibility, examine and assess interactions acting on the plant and evaluate 
hazards and risks for their effects on SHE aspects and aspects relevant to plant availability 
and failure. 

Basically the following applies: all changes that do not impair SHE aspects should be 
permitted, provided they are recorded and documented in a plausible manner. Further 
questions within the scope of such changes or modernisation measures concern the 
necessary requirements including SILs and PLs (performance level) for proven-in-use 
existing plants and systems. A glance at the past shows that in previous applications these 
requirements were summarised under the term "requirements classes". Requirements 
classes were an adequate instrument and should therefore still be taken into account today. 
After all, the introduction of new terms and definitions does not change the technical and 



safety-related requirements, which are still the same. A pragmatic approach and willingness 
on the part of all stakeholders to take on more responsibility are essential in maintenance. 

	

5 Which solutions work? 
The efficient operation of power stations with improved flexibility must be ensured throughout 
their entire life cycle. In this context, life-cycle costs (LCC) are one of the key elements of the 
plant's total cost of ownership. Reliable determination and optimisation of these costs is 
crucial to successful cost planning – from plant design, construction, installation and 
commissioning to actual operation. This particularly covers warranty costs and cost 
calculations of subsequent service contracts or replacement investments, which may have to 
be taken into account. At the same time, a host of technical specifications and standards 
must be complied with. 

Even though engineering and business requirements imposed on the conceptual design of a 
plant may differ to some extent when seen in terms of the entire service life, they still need to 
be harmonised effectively and efficiently. Decision-makers in business and engineering must 
cooperate from an early stage to realise their joint goal of achieving optimum life-cycle costs. 
All project participants should strive to achieve this objective as early as the assessment 
process. At that stage, as also later on during the realisation of retrofitting or the construction 
of a new plant, compromises are inevitable. 

Plant assessment starts by analysing a power station's actual condition in terms of the total 
energy that can be cost-effectively converted into a form that can be used, e.g. heat (energy) 
or electricity (exergy). This requires an integrated system approach, optimised inspection 
schemes and the collection of additional data including measurement of the quality of newly 
installed components. The results achieved permit a highly informative assessment to be 
made of the efficiency with which the set targets can be attained under the planned 
measures. To ensure profitable energy generation, the procedural and operational concept – 
and thus also the maintenance regime – must be aligned to the specific individual technical 
processes of the more flexible plant operation. This requires strategic integrated 
maintenance, which is regarded as a value-adding sub-process rather than a cost factor as it 
provides a cost-effective means of cutting life cycle costs. 

6 Strategic maintenance 
Imperative for flexible power station solutions is an integrated maintenance strategy, which 
comprises four steps. Instead of comprehensive maintenance "at any cost", strategic 
maintenance aims at preventing unnecessary refurbishment and replacement measures. 
Only measures that actually improve availability, reliability and safety are considered 
relevant. To this end, the conventional engineer's approach, which strives for perfection, is 
complemented by the business perspective of an entrepreneur. 

Step one 
Consultants, the client and/or the operator will work together to identify the aspects that must 
be assessed. Which operational events are foreseeable? Which methodological approaches 
can be applied? How to best carry out assessments and subsequent measures? In this 
context, their focus is on plant components that are especially affected by the more flexible 
mode of operation. 

Synthesis then links the strain imposed on the plant with its actual condition, producing an 
overall picture of the system. This overall picture presents the current operability of the plants 
and the derived risks. Optimum operation can only be ensured when process, plant, 



operational and control solutions (I&C systems) are productively interconnected. 
Furthermore, all standards must be scrutinised to determine whether they really are useful 
for the plant process in every respect. 

Step two 
This step involves fracture mechanics testing and analysis of components. The interactions 
between materials, loads and fault status are critical for ensuring the safety of plants and 
their components or parts on the one hand, and achieving their maximum availability on the 
other. Interrelations and interactions are also of special interest for the extension of the 
service life of a plant or individual components that is acceptable from the point of safety. 

When it comes to "living with imperfections", fracture mechanics are the instrument of choice. 
Taking into account all relevant influencing factors, fracture mechanics permit individual 
quantitative statements to be made concerning critical defects, limit loads and minimum 
material strength or performance indicators that can be applied to 

 safety and availability assessment, 

 periodic inspection strategy, 

 planning of repair and replacement measures, 

 extension of service life beyond the intended service life. 

Step three 
This step witnesses the application of probabilistic methods to assess the acceptability of 
faults and the risks they involve. Probabilistic methods can be used in two ways to assess 
the results of non-destructive or other test methods: 

 First, there is only a certain probability that faults that are basically identifiable will 
actually be detected.  

 Second, once a fault has been identified, the issues of the resulting risk and its 
consequences for the continued operation of the component or part must be 
responded to. 

The first aspect can be addressed by applying known methods of mathematical statistics and 
probabilistic models. The second aspect then requires a more differentiated approach: the 
plant or component can, for example, be taken out of service and repaired, or operation can 
be continued at the same or at a reduced load 

 until the next scheduled turnaround, 
 until a defined limit risk is reached, 
 until the part and/or the component fails. 

	
To weigh all these options, all risks and costs must be determined and put into relation. Here, 
the focus is on the safe and profitable continued operation of the overall system. If the failure 
of a part or component does not involve any risk or if the risk is negligible, the above issue is 
reduced to its economic aspects. Otherwise the two aspects cannot be regarded separate 
from each other, so that conflicts of interest will be inevitable. 

To ensure the best possible solution, quantitative assessment criteria, such as acceptable 
risks, must be available in each case. The risk resulting from the failure of a component is 
the frequency of occurrence of an event multiplied with its possible consequences (Figures 3 
and 4). 

	



	

Figure 3.  
Risk assessment based on a probabilistic and combined approach (Source: TÜV SÜD Industrie 
Service). 
	

	

Figure 4.  
An example for the risk-based classification of components (Source: TÜV SÜD Industrie Service). 



Step four 
Building on the previous steps, the experts will now develop measures to ensure flexible 
plant management. Plant management is largely influenced by the type, structure, function 
and condition of a plant and its relevant components and systems. As a matter of principle, 
assessment is restricted to non-conformities that can result in operational or process failure. 
The suite of methods and approaches within the scope of integrated plant management is 
wide and differentiated. Plant experts will propose and discuss plant-specific methods and 
approaches or combinations thereof with the user. 

The objective is to supply operators, investors or manufacturers of flexible power stations 
with the information they need for decision making, including cost-benefit analyses, computer 
simulations and forecasts, and proposals for maintenance strategies tailored to the plant in 
question that take into account plant condition, existing risks and remaining service life. 

7 The limits of maintenance and mathematical methods 
For the existing power plants maintenance tools have been implemented over the years and 
proven in use. Unfortunately, recent years have seen the emergence of a trend towards 
purely incident-oriented maintenance. Component failure can be due to the end of service life 
or be attributed to maintenance strategies that are no longer preventive. 

The spontaneous failure of components such as control valves or piping systems after long-
term operation is not necessarily associated with emerging problems in materials. 
Sometimes the responsible individuals simply failed to make full use of available probabilistic 
methods to determine possible failure scenarios and calculate the expected service life. 
Components that have been in service without defects for 30 years, for instance, cannot be 
expected to be operated much longer without interruptions, even with and despite the 
required maintenance measures. Instead, maintenance should anticipate possible wear-
related defects at an earlier stage. In flexible power plants the parties in charge of 
maintenance must pay even more attention to these issues. 

Another aspect concerns the performance of plausibility checks in a system (e.g. a piping 
system) to determine the actual geometrical data such as wall thickness, circumference and 
diameter. To do so, visual inspection should be carried out and the results then verified by 
measurements. Even though this step sounds obvious and feasible, it is often neglected in 
practice. Staff in charge of maintenance frequently assume that possible degradations and 
defects occur primarily on complex geometries such as bends, fittings, pipe bundles or 
similar and do not affect straight pipe sections . However, this assumption is incorrect. 

Figure 5 illustrates the initial assessment of a straight pipe section, showing noticeable 
differences in wall thickness depending on pipe circumference. This example clearly shows 
that different localised reductions in service life must be anticipated depending on the 
nominal wall thickness on which the calculation of service life has been based. A power 
station in which a straight section of a pipe made from 14 Mo V 6 3 failed "spontaneously" 
after around 30 years of operation provides a dramatic example. 

	



	

Figure 5.  
Example: Initial assessment of a straight (!) pipe section with untypical structural composition (Source: 
TÜV SÜD Industrie Service). 
 

Following the incident, various institutes and experts examined and analysed the pipe, 
arriving at the result that the spontaneous failure was caused by a unique phenomenon 
attributable to the material. Based on the available information, our own analyses revealed 
that the pipe displayed exactly the same differences in wall thickness as those shown in 
Figure 5. Component failure thus occurred at the end of the expected service life, which at 
the point of minimum wall thickness amounted to roughly 200,000 h. 

Another trend is the quantitative assessment of maintenance measures, entering them into a 
matrix to improve cost transparency and gain a basis for negotiating cost optimisation. This is 
indeed justified. Basically, however, this type of approaches is only suitable for assessing 
integrally intact systems. Special efforts expended for qualitative assessment of the condition 
of individual components will not be included as they do not permit comparable conclusions 
to be drawn. However, practice has shown that qualitative assessment of the condition of 
critical components, such as pressure parts operated at higher temperature ranges, is 
important as the behaviour of these components does not necessarily follow the conventional 
laws throughout longer service periods. 

Equally, generic data are not sufficient for reliable safety assessment. Systematic analyses 
and additional inspections to gain an overview and qualitative details and information of the 
actual state of special plant areas are indispensable –especially for older plants. The 
mathematical methods outlined above do not enable qualified assessment of these 
components to be made in terms of damage mechanisms. All of these plants require a 
targeted and qualified assessment of their condition at a given moment, which must be 
referenced to the system-related context. 

	



Conclusion 
Satisfaction of the high demands for efficiency and flexibility in energy generation will only be 
possible with an optimum plant scheme accompanied by an operational strategy aligned 
therewith. Because no two power plants are the same, existing plants require tailor-made 
optimisation measures. Retrofit measures and innovative plant schemes thus contribute 
significantly to a sustainable and resource-efficient mode of operation. An integrated 
profitability analysis performed in the runup and a maintenance programme customised to 
the specific plant make good economic sense in both cases. This applies particularly to 
components exposed to higher strain due to the more flexible operating parameters. This 
approach also includes optimum planning of maintenance costs, which includes possible 
investments with foresight instead of having to include them subsequently. 

In view of the large number of analysis and inspection methods available today and the 
experience and technical understanding of the system-related context, all stakeholders 
should be able to carry out comprehensive plant assessment. Combined with targeted 
strength-weakness assessments and analyses, visual examination of relevant components 
and further in-depth methodological approaches, the optimised, safe and reliable continued 
operation of existing plants does indeed make good sense. In this context it may be 
necessary to clarify the areas in which plants can be operated with possible and permissible 
imperfections. This, however, requires a high level of specified know-how to assess potential 
risks reliably and realise safe, profitable and meaningful operation while ensuring a high level 
of availability. Can there be a more exciting task than to keep existing power stations fit for 
future energy grids that include a high share of energy from renewable sources? 
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Kurzfassung 

Nach einer Betriebszeit von ca. 80.000 Bh wurde in der GuD-Anlage der RWE in Hamborn 
an der Heißen Zwischenüberhitzerleitung (HZÜ) im Bereich eines T-Stücks Dampfaustritt 
festgestellt, der auf einen ca. 300 mm langen und in Umfangsrichtung entlang der 
Schweißnaht zwischen T-Stück und Rohrleitung verlaufenden Riss zurückgeführt werden 
konnte. Die metallografische Untersuchung des rissbehafteten Rohrabschnitts konnte 
eindeutig die charakteristischen Schadensmerkmale einer Zeitstandschädigung nachweisen. 
Es konnten keine Hinweise auf unzureichende Materialeigenschaften des P91-Rohres 
ermittelt werden, die den Schadenseintritt begünstigt hätten. Nach dem Einschweißen eines 
neuen Geradrohrabschnitts wurden Hochtemperatur-Dehnungssensoren sowie 
Thermoelemente im Schadensbereich angebracht. Mit Hilfe der Dehnungsmessung konnten 
erhebliche Bauteildehnungen während des Anfahrvorganges sowie Temperaturschichtung in 
der Größenordnung von 80K gemessen werden. Mit Hilfe der Dehnungs-und 
Temperaturmessung konnte der Schadensmechanismus noch genauer als Kriechermüdung 
identifiziert werden. Durch die weitere Auswertung der Daten über einen längeren 
Betriebszeitraum hinweg wird helfen, die eigentliche Schadensursache zu ermitteln. 

1 Einleitung 

Am Standort der Thyssen Krupp Stahl AG in Duisburg Hamborn betreibt die RWE Power AG 
eine GuD-Anlage, bei der es im Januar dieses Jahres zu einem Schaden an der Heißen 
Zwischenüberhitzerleitung (HZÜ) kam. Bei dem Rohrleitungswerkstoff handelt es sich um 
den 9%igen Chromstahl P91 (X10CrMoNb9-1), der zum Zeitpunkt des Schadenseintritts eine 
Betriebszeit von ca. 80.000 Bh aufwies. Die Abmessung der Leitung hat einen 
Außendurchmesser von 500 mm und eine mittlere Rohrwanddicke von 20 mm. Der 
Dampfaustritt wurde zunächst im Bereich eines T-Stücks unmittelbar vor der Turbine 
beobachtet und konnte nach dem Entfernen der Isolierung auf einen ca. 300 mm langen und 
in Umfangsrichtung entlang der Schweißnaht zwischen T-Stück und Rohrleitung 
verlaufenden Riss zurückgeführt werden (Bildtafel 1+2).  



2 Untersuchungsergebnisse 

2.1. Makroskopische Untersuchung 

Bereits bei der Inaugenscheinnahme des herausgetrennten Rohrabschnitts, in dem sich 
unmittelbar neben der Schnittkante der umlaufende Riss befand, sind schon die ersten 
Hinweise sichtbar, die Hinweise auf den stattgefundenen Schadensablauf und auf den 
vorhandenen Schadensmechanismus geben. Anhand der deutlich größeren sichtbaren 
Risslänge auf der Rohraußenoberfläche lässt sich eindeutig aussagen, dass der Riss auf der 
Rohraußenoberfläche entstanden und dann von außen nach innen gewachsen ist. Der Riss 
verläuft sowohl außen als auch innen entlang des Übergangs zwischen Schweißgut und 
Rohrgrundwerkstoff;- vermutlich in der Wärmeeinflusszone. Auf der Rohrinnenoberfläche in 
der Rohrsohle (6°°-Position) geben linienförmige Ablagerungen roter Hämatitkristalle 
eindeutig die Lage des Bauteilabschnitts in der Rohrleitung wieder. Zwischen der 9°°- und 
3°°-Position weist das Rohrstück auf der Innenoberfläche deutlich Abplatzungen der 
Oxidschicht auf (Bildtafel 3). Eine Vermassung der Bauteilgeometrie ergab keine 
nennenswerten Abweichungen von den angegebenen Sollwerten. 
 
 
2.2 Oberflächengefügeuntersuchung 

Zur eindeutigen Klärung des aufgetretenen Schadensmechanismus, wurde in der Position 
des Rissstarts als auch auf einer Seite des Rissauslaufs eine 
Oberflächengefügeuntersuchung vorgenommen. Sowohl im Bereich der Rissmitte als auch 
im Rissauslauf verläuft der Riss in einem konstanten Abstand von ca. 2-3mm parallel zur 
Schmelzlinie (Bildtafel 4). Wie die mikroskopische Untersuchung der Replikas zeigt, verläuft 
der Riss in Feinkornzone der WEZ parallel zur Schmelzlinie. Die Rissflanken sind stark 
oxidiert und neben den Rissflanken finden sich vermehrt Mikroporen (Bildtafel 5+6). Selbst 
15 mm von der Rissflanke entfernt sind noch zahlreiche Mikroporen im Grundwerkstoff des 
Geradrohres vorhanden (Bildtafel 7), während weder in der Grobkornzone noch im 
Schweißgut und auch nicht im angrenzenden Grundwerkstoff des T-Stücks Mikroporen 
vorhanden sind. Vergleichbare Ergebnisse liefert auch die Untersuchung im Rissauslauf 
(Bildtafel 8). 
 
 
2.3 Metallografische Untersuchung 

Der Schadensbereich mit dem Riss wurde aus dem Rohr herausgetrennt und quer zur 
Schweißnaht bzw. zum Rissverlauf untersucht (Bildtafel 9). 
Im oberflächlichen Bereich auf der Seite des Geradrohres finden sich vermehrt Mikroporen 
entlang der Rissflanken, insbesondere im „Zwickel“ zwischen der Decklage und der 
Schweißnahtflanke, in der sich deutlich mehr Poren befinden (Bildtafel 10). Die 
Zeitstandschädigung in Form von Mikroporen zeigt sich entlang der gesamten Rissflanke bis 
zur Rissspitze, in deren Bereich sich aufgrund der dort vorhandenen hohen 
Spannungsüberhöhung sowie des mehrachsigen Spannungszustandes eine 
Mikroporenwolke gebildet hat.  
Auf der T-Stückseite unmittelbar an der Oberfläche sind kaum Mikroporen in der 
Feinkornzone der T-Stückseitigen WEZ zu finden, während sich im „Zwickel“ zwischen 
Decklage und Schweißnahtflanke eine erhebliche Menge an Mikroporen gebildet hat 
(Bildtafel 11). Im Grundwerkstoff des T-Stücks ist keine Zeitstandschädigung in Form von 
Mikroporen nachzuweisen. 
Anhand der makroskopischen Schadensmerkmale sowie der eindeutigen Befunde der 
metallografischen Untersuchung sind die Rissentstehung und das Risswachstum eindeutig 
nach dem Mechanismus der Zeitstandschädigung abgelaufen. Hierzu sind Zugspannungen 
senkrecht zur Rohrlängsachse verantwortlich, die über einen längeren Zeitraum vorgelegen 
haben müssen. Hierbei kann es sich also nur um Zusatzkräfte aus dem Rohrleitungssystem 
handeln, die sich der permanenten axialen Beanspruchung als Folge des Innendrucks 



überlagern. Da sich jedoch in der Regel Zusatzkräfte (z.B. Biegemomente als Folge 
behinderter Wärmedehnung) durch Relaxationsvorgänge relativ schnell abbauen, müssen 
derartige Prozesse wiederkehrend stattfinden, um zu einer Schadensakkumulation führen zu 
können. 
 
 
2.4 Messung der lokalen Bauteildehnung und Bauteiltemperatur 

Um die Ursache für derartig wiederkehrende Belastungen im Schadensbereich ermitteln zu 
können, wurden zwei kapazitive Hochtemperatur Dehnungssensoren (HT-DMS) sowie einige 
Mantelthermoelemente zur Ermittlung der lokalen Bauteiltemperatur an dem sanierten 
Rohrabschnitt angebracht (Bildtafel 12+13). 
Die Position der beiden Dehnungssensoren wurde so gewählt, dass sich einer in der Mitte 
des ehemaligen Risses (ca. 11:30-Position) und der andere auf der gegenüberliegenden 
Seite (ca. 17:30-Position) befindet. Bei den Temperaturmesssensoren handelt es sich um so 
genannte Mantelthermoelemente vom Typ K. Das Ergebnis der ersten Monate, inklusive des 
ersten Anfahrprozesses, ist in Bildtafel 14 dargestellt. Aus dieser Übersicht geht hervor, 
dass während des ersten Anfahrens (Kaltstart), zuerst in der 6°°-Position (HT-DMS2141) und 
später auch in der 12°°-Position (HT-DMS2129) erhebliche lokale Dehnungen aufgetreten 
sind. Danach gehen beide Dehnungssignale fast auf das Ausgangsniveau zurück, um sich 
dann gegenläufig zu verändern. Während sich die Dehnung in der 6°°-Position geringfügig 
auf einen Wert kurz unterhalb des Ausgangswert einstellt und im weiteren Verlauf sich nicht 
mehr signifikant verändert, steigt die Dehnung in der 12°°-Position stetig an. Betrachtet man 
parallel hierzu die gemessenen Bauteiltemperaturen, so fallen folgende Besonderheiten auf: 

1. Die ersten außergewöhnlichen Dehnungen traten während der ersten 

Betriebsstunden im Temperaturbereich zwischen Raumtemperatur und 150°C auf. In 

diesem Zeitraum werden Temperaturdifferenzen zwischen der 6°°- und der 12°°-

Position in der Größenordnung von 80K gemessen. 

2. Im weiteren Verlauf des Anfahrvorgangs (bis ca. 400°C) tritt zwischen dem „Eintritt„ 

(6°°-Position) und dem „Austritt“ (ebenfalls 6°°-Position) des T-Stücks wiederum 

Temperaturdifferenz von ca. 80K auf. 

3. Nach dem ersten Aufheizen der Leitung auf ca. 400°C wird der Anfahrprozess 

offensichtlich abgebrochen und die Bauteiltemperaturen nehmen kontinuierlich ab. 

 
Mit dem Eintritt des ersten Dampfes in die Rohrleitung werden sowohl in der 12°°- als auch 
in der 6°°-Position erhebliche lokale Dehnungen beobachtet. Dieses Verhalten könnte mit 
der gemessenen inhomogenen Temperaturverteilung innerhalb des Bauteils erklärt werden 
(Bildtafel 16).  
 
 
3. Schlussfolgerungen 
 
Zusammenfassend kann aus den bisherigen Untersuchungen Folgendes abgeleitet werden: 
 

 der Riss ist im Bereich der Rohraußenoberfläche entstanden und von außen nach 

innen innerhalb der Feinkornzone der Wärmeeinflusszone gewachsen. 

 Rissentstehung und Risswachstum erfolgte durch Kriechporenbildung, Bildung von 

Kriechporenketten und Mikrorissen (klassische Zeitstandschädigung). 

 es konnten keine Hinweise ermittelt werden, dass aufgrund unzureichender 

Materialeigenschaften des P91-Rohres der Schaden entstanden ist. 

 mit Hilfe der durchgeführten Dehnungsmessung im Schadensbereich nach der 

Sanierung konnten während des Anfahrvorganges zunächst erhebliche 

Bauteildehnungen gemessen werden, die offensichtlich zu lokalen plastischen 



Verformungen im Schweißnahtbereich geführt haben. Derartige Dehnungsbeträge 

traten während des darauffolgenden stationären Betriebes nicht mehr auf. 

 Während des stationären Betriebes konnte mit Hilfe der Dehnungssensoren 

festgestellt werden, dass nur im ehemaligen Schadensbereich, d.h. der 12°°-Position 

eine kontinuierliche Dehnungszunahme bis zum heutigen Zeitpunkt stattfindet. 

Hierbei handelt es sich offensichtlich um einen Relaxationsvorgang, durch den die 

Eigenspannungen abgebaut werden, die sich aus den anfänglichen lokalen 

Plastifizierungen ergeben haben. 

 
Offensichtlich sind die während des Anfahrvorganges aufgetretenen 
Temperaturunterschiede sowohl zwischen der 12°°- und 6°°-Position aber auch zwischen 
den Messebenen vor und hinter dem T-Stück verantwortlich für das Auftreten der hohen 
lokalen Dehnungen. Die durch diese Dehnungen verursachten lokalen plastischen 
Verformungen führen zu einem Eigenspannungszustand im Schweißnahtbereich, der sich im 
stationären Betrieb durch Relaxationsvorgänge teilweise abbaut. Vermutlich waren für die 
Ausbildung des Zeitstandrisses in der Vergangenheit mehrerer solcher Vorgänge notwendig. 
Mit Hilfe der installierten Sensoren sollte es möglich sein, das Bauteilverhalten zu messen 
und damit einer erneuten Schädigung frühzeitig durch geeignete Maßnahmen 
entgegenzuwirken. Darüber hinaus kann auch mit Hilfe der Messdaten die Auswirkung einer 
veränderten Betriebsweise direkt und unmittelbar bewertet werden. 
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konnte die 6°°-Position eindeutig 
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Zwischen der 9°°- und 3°°-Position weist das 
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Abplatzungen der Oxidschicht bzw. Teile davon 

auf.  
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Replica aus Rissmitte – angrenzender Grundwerkstoff Rohr,  

100% angelassener Martensit – körnige Struktur 

Beurteilungsklasse 2a in Anlehnung an VGB TW 507 

Ergebnis der Oberflächengefügeuntersuchung 
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Außenoberfläche 

Innenoberfläche 

Metallografischer Befund aus dem Bereich der Decklage rohrseitig. 

 

Vermehrt Mikroporen entlang der Rissflanken. Deutlich mehr Poren 

im „Zwickel“ zwischen Decklage und Schweißnahtflanke. 

„Zwickel“ zwischen 
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Schweißnahtflanke. 

Metallografische Untersuchung 
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Metallografische Untersuchung 
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Der Kondensat-Anfall in der Rohrleitung führt zur Abkühlung der Rohrsohle 
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Abstract 
In response to the dynamic electricity market require ments and accommo dating the 
fluctuating availability of energy from renewables, flexible operation of coal fired power plants 
is required. In addition, maximising operating temperatures is a key requirement to exploit  
energy efficiency of power plants. For continuous plant operation, creep is a dominant failure 
mechanism in high temperature c omponents. However for flexible plant operation, which  
implies fast start-ups, load changes and shutdo wns, failure by complex cyclic stre ss/strain 
behaviour can be expe cted. Therefore, there is a clear need for a deeper understanding of  
multiaxial high temperature material deformation and da mage behaviour in po wer plant 
components and validated models are required to predict component failure.   

This paper describes the engineering concept and fabrication of a P91 component test rig for 
creep-fatigue investigations and a range of deformation and material damage monitoring 
tools deployed onto t his component. Numeri cal models that have  been used for the  
component’s design should predict the test components elastic-pla stic-creep response and 
damaging behaviour. 

1 Introduction / Motivation 
In recent years, many wind and  photovoltaic plants have been erected in German y. 
Depending on weather conditions, t hese plants produce fluctuating electricity with large load 
fluctuations occurring in the electrical network. For reasons of secur ity of supply, t he fossil 
power plants must compensate for  these load  fluctuations. In the future, the power plant 
components will therefore be stressed with an increased number of load cycles and fast load 
gradients. 

Figure 1 shows the relationship b etween the relative creep damag e t/T and the relative 
fatigue damage n/N (from the load gradients through start-ups and shutdowns). 
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Figure 1. Calculation of creep  fatigue in teraction according rule EN 12952-4 and  
experimental investigations 



Accordingly, the increasing cyclic operation mode has the conseque nce that the original 
component design for creep load (base and intermediate load operation for 200,000 hours), 
i.e. with cre ep voids as the dominant failure mechanism (III), is n ow substituted by an 
increased probability for creep-fatigue interaction (II) with inter-granular crack formation. This 
complex interaction is dependent on the material and stress level, as shown b y recent 
studies, and as found in the current ASME set of rules. However, regardless of the material, 
the European standard EN 12952-4 [1] only provides for one addition of the respective ratios 
(linear damage accumulation hypothesis) for the assessment of creep damage and fatigue. It 
can be assumed that the EN standard gives a conservative assumption of damage only for a 
small number of load cycles, i.e. essentially creep. 

2 Project MACPLUS  
The investigations descr ibed in the following are funded wi thin the collaborative European  
R&D-project  ‘Material-Component  Performance-driven solutions for  Long-Term Efficiency  
Increase in Ultra Supercritical Power Plants‘ ( MACPLUS) which aim s to increase the net  
efficiency of coal fired plants by increasing th e performance and reliability of some critical  
components. These are identified as follow: 

• Refractory materials of the combustion chamber (especially for o xy-combustion 
application) 

• Headers and pipeworks (avoidance of weld Type IV cracking phe nomena, 
working temperature increase) 

• Super heaters (optimised creep p erformance in high tem perature oxidation/hot 
corrosion environments) 

• Coated pipes and boiler components able to wit hstand co-combustion conditions 
(high temperature oxidation/hot corrosion, erosion-adhesion and wear) 

• High and Intermediate Pressure (HP and IP) steam turbine rotor components and 
turbine casing operating at very high temperatures 

Detailed investigations in MACPLUS are described in six work packages (WP). 

This paper deals with investigation s in work p ackage six (WP 6) which aims to s upport the 
design, operation and maintenance of high efficiency ultr a super critical (USC) p lant. The 
project partners in WP 6 are E.ON, RWE Technology, Imperial Co llege London, TUV 
Rheinland, IWM Freiburg, MPA Stu ttgart, VTT, Foster Wheeler, Loughborough University, 
NPL, Doosan Babcock,  CSM, UNICAS, Technical University of Graz. K ey themes that run  
through the WP 6 are the development of:  

• Guidelines/tools to aid plant designers and operators to minimise the occurrence  
of unplanned outages 

• Advanced computational models to develop and validate experiment al tests 
(laboratory and full scale) and design/assessment codes 

• Innovative condition monitoring tools/strat egies that provide key information an d 
validation of  experi mental tests and numerical modelling, and  providing 
confidence in component condition assessments (risk assessment) 

The main materials being investigated in WP 6 are P9 1 (9Cr-1MoVNb) which is a widely 
used 9% Cr Ferritic ste el, P92 (9Cr-0.5Mo-1.8WVNb) whi ch is currently the most advanced 
9% Cr Ferritic st eel and the nickel based alloy A617 (54%Ni-22%Cr-8.5%Mo-12%Co-
AlMnSi) which is a candidate material  for use a t over 700 °C in USC plant. WP 6 has been  
divided into eleven sub tasks, as illustrated in Figure 2. Condition monitoring of these  
materials is a key co nsideration, thus WP 6.4 is highlighted in  Figure 2. H ence, to 
demonstrate the capability and accuracy of the range of condition monitoring te chniques, 



materials deformation and failure models developed by WP 6, a feature pipe component test 
of P91 steel is being pe rformed onto which a range of sen sors are deployed and condition 
monitoring techniques are applied. This pipe is being subjected to cre ep-fatigue conditions 
by heating and pressurizing the component an d simulating start-up and shutdown cycles by 
employing cooling techniques (WP 6.10).  

 

 

Figure 2. MACPLUS: working structure of Work Package 6 (WP 6) 

 

3 Design and operation of the MACPLUS P91 component test  
The aim of the pressu rized component in W P 6.10 test  is to get r eliable results under 
variable loading conditions (both static and cyclic loading). 

The subtasks have been defined as followed: 

• Guidelines/tools to aid plant designers and operators to minimise the occurrence  
of unplanned outages 

• Design and manufacture of a pre ssurised steam loop to simulate a main steam 
pipe section 

• Deploy instrumentation to monitor the st eam loop, temperature, pressu re, strain 
(> WP 6.4) 

• Cyclic operation of component and data collection 

• Computational model development 



• Review and compile findings from experimental data and model, and compare to  
the design code 

A pipe segment of P9 1 material (Outer diameter = 450 mm, wall thickness = 5 0 mm) was 
provided by project partner RWE for the design and engineering of a co mponent test. Due to 
limitations of manufacturing (drilling) and thermal conditions of the test stand, a total length of 
600 mm was chosen. 

The following limiting factors for operation were determined: 

• Operating temperature about 600-620 °C 

• Operation time approximately 25,000 h (~3  years) to correspond to project 
duration, which has implication s for the extrapolation of  results to component 
lifetimes 

• 1-2% creep strain in operation time due to the limitations of some strain sensors 
(WP 6.4), thus no large deformations can take place 

• One to three thermal cycles each day for crack initiation within project duration 

 

 
Figure 3. Engineering design of a feature test component of P91 material for creep at 600- 
620 °C and fatigue from start-up/shutdown procedures 

 

The engineering design of the co mponent test specimen is therefor e influenced by creep 
deformation in the thinner walled section, resulting from high temperature loadin g under 
pressure, in addition to fatigue behaviour resulting from thermal cycling (simulation of start-
up and shutdown scenarios).  

To combine these aspe cts, an opt imization strategy has been established which combines 
the numerical calculat ion (see ch . 4) of th ese material aspects u ntil failure and the 
engineering aspects for machining and heating/cooling techn iques (Figure 3). It is clear that  
the design leads to thinning the wa ll in a certain section to reduce the  maximum pressure 
needed for significant creep deformation and to  achieve sufficient bending stresses from the 
change in stiffness during cyclic op eration. Initial calculations showed that a minimum wall  
thickness of 15 mm and radii of “R5” and “R 5+120° bevel” are applicable for both purposes.  



The position of radius “R5” is the assumed region for crack in itiation while the postio n 
“R5+120° bevel” is applicable to measure through wall thermal behavi our and the dyna mic 
elastic strain. Although during sh utdowns, NDE method s like replica examination and 
ultrasonic testing maybe applicable at the 120° bevel. 

The following tasks arose from this geometry: 

1. Define the static pressure to accumulate ~1% creep strain in 25,000h in the thin-
walled section (“measurement section”) for ve rification of the minimum wall 
thickness 

2. Define the cooling gradients needed for cra ck initiation between the thin an d 
thick-walled section at  the position “R5” to  verify with  technical f easibility.  
Preliminary investigations for different cooling techniques are shown in Figure 4. 

This component test is being cond ucted at the  laboratory of StandZeit  Gmbh (whi ch is a  
subcontractor of RWE). 

 

Figure 4. Different cooling techniques used  in preliminary investigations (re sults from 
RWE/StandZeit) 

 

4 Modelling of creep and thermo-mechanical fatigue 
Based on results from uniaxial creep tests on P91, project p artner MPA Stuttgart established 
a two-dimensional FE creep deformation and damage model using an incremental creep law 
- a modified Graham-Walles (GW) creep law [2,3]: 

 

 (1) 

 



where D, ε and σ are representing respectively the damage parameter, the creep strain an d 
the stress and A1, n1, m1, A2, n2, m2, AD1, nD1, mD1, AD2, nD2 and mD2 are material 
dependent parameters and are determined from the analysis of many different melts. 

The wall thickness of  the thin-walled sectio n with creep loading  at 600-620 °C was 
determined by this creep model and the FEM method. The choice of  15 mm at 120 bar 
internal pressure, respectively a Mises eq uivalent stress o f about 90 MPa at the test start, 
results in an equivalent creep strain of about 1.2% after 25,000 hours at the outside of the 
thin-walled section (results for 600  °C). Notch geometries were constructed to induce a 
bending stress in the notch area for fatigu e loading while co oling and re-he ating the 
specimen (simulation of the shut-down and start-up of the power plant). It is planned to have 
crack initiation during t he experimental perio d of 3 years. For this purpose, Chaboche 
modelling, FEM calculations and experimenta l studies wit h saturated cooling ste am were 
carried out resulting in a  total number of 1000-2000 cycles until crack initiation depending of 
the cooling technique used. 

For the interaction of creep behaviour and thermo-mechanical fatigue, mechanistically based 
models have been proposed [4,5] which allow prediction of the instantaneous damage levels 
in the material. Thermo-mechanical fatigue damage can be described by fracture-mechanics 
models combined with models for cyclic visco-plasticity. Project partner IWM Freiburg carried 
out intensive FE analysis using the following models: 

(2) 

and lifetime 

(3) 

  

to calculate the crack in itiation at the radii positions. In Eq. (2)  is the viscoplastic 
strain rate,  is the backstress K and n are temperature dependent model parameters, Y is 
the yield str ength, NA is the number of cycles to failure, DTMF is the d amage parameter 
developed by Riedel for non-isothermal cycles and A, B are adjusted to the measurements. 
For the case of therma l cycling, it is essential to define t he thermo-physical bo undaries 
leading to a dynamic temperature distribution to calculate crack initiation. 

 

5 Monitoring of the component 
In MACPLUS, sensor systems for high temperature applications are also designed and 
tested on the component test stan d. Figure 5 shows the P91component test piece with the  
insulation partially removed. The top end cap is not yet welded here. Besides a large number 
of thermocouples (about 60), pressure devices, safety valves and control valves, sensors for 
strain monitoring and component integrity are also implemented. In addition to a further 
development of the capacitive strain sensor (a ) [6], the following sensors are use d by TUV 
Rheinland: (b) weldable high-temperature strain  gauges in t he notch area to determine the 
strain amplitudes, (c) ceramic insets for deformation measurements wi th photogrammetric 
methods (an “offline” measurement method), (d) potential probes ( DCPD) method for the  
detection of crack initiation and crack growth [7], (e) acoustic emission monitoring (AT) as an 
integral monitoring method for the structural integrity of the  component to which both caps 
are welded. The project partner Imperial Colle ge (London) is still developing (f) an online  



sensor to determine the component creep strain using the ACPD potential probe method [8] 
and (g) ARCMAC: a biaxial optical measuring system for determining the strain after the end 
of the experiment (“offline”) [9]. 

 

 
Figure 5. P91 thick-walled component test sta nd, equipped with several sensors on the  
outside of the pipe wall (shown partly insulated) 

 

6 Summary 
As part of  the collaborative European R&D-project (MACPLUS),  a feature  test pipe  
component of P91 steel is being performed. The design considerations have been presented 
together with an overview of the creep-fatig ue modelling performe d to determine the 
component geometry required for crack initiat ion to occur in the projects lifetime. The finite  
element analyses simulated the thermal and pressure loading cycles that will be experience 
by the component during operatio n and calculated the extend of cree p strain and combined 
creep-fatigue damage experiments during the test duratio n. A novel combination of creep  
strain transducers, crack growth monitoring techniques and thermocouple probes have been 
deployed on this component providing experimental validation of the material state during the 
test duration. The components critical location s have also been identified and crack growth 
sensors have therefore been focussed in this region. It ha s been dete rmined that the test  
component is to be tested at 600-620 °C for creep exposure and additional forced cooling will 
be employed for thermal cycling to induce fatigue damage. 
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Abstract 

The integrity assessment of components is mostly related to probabilistic approaches, where 
the degree of safety is expressed in terms of a probability of failure. Determining this 
probability of failure in the context of systems with complex interdependencies could be a 
difficult task due to the large number of involved (random) variables. 

Another issue is concerned with detecting the impact of certain parameters on the system 
represented by an appropriate model. In this case, performing an adequate sensitivity 
analysis can reveal the parameters having the heaviest influence on the results of the 
integrity assessment.  

The current work deals with obtaining sensitivity analysis results based on fracture 
mechanical considerations. Furthermore, a method for determining the probability of failure 
based on artificial neural networks is introduced, which relies on the same data structures as 
used within the sensitivity analysis approach. The applicability of these approaches within the 
context of integrity assessment is shown on behalf of a specific failure configuration in a 
piping component.  

1 Introduction / Motivation 

Within a sensitivity analysis, the behavior of a specific system is investigated by varying the 
its most relevant parameters. In the present work a flawed pipe is considered, which is 
representative for German power plants due to its geometry and loadings. The postulated 
flaw is a semi-elliptical circumferential crack. 

Knowing the response of a system to changing parameters is crucial if the safety of the 
system is to be evaluated. The common methods used to perform this sensitivity analysis are 
known, and also well-established in some research areas, but not so easy to implement due 
to the fact that one has to perform many steps and sometimes quite heavy calculations in 
order to obtain qualified results. 

In order to overcome these disadvantages, an approach is needed which performs the same 
task but is easier to implement and use. Within this work we show that this aim is achieved 
by means of artificial neural networks (ANN’s). Even more, a considerable advantage of 
using ANN’s is that the computational effort can be reduced massively. 

2 Common Sensitivity Analysis 

The performed sensitivity analysis was based on the R6 method (   and    acc. to [1]) since 
the relevant value is in fact the safety distance to the failure assessment curve (FAC) of the 
R6 method, in the folowing denoted as R6 safety distance. In Fig. 1 the current state prior to 
the sensitivity analysis is shown within the R6 diagram, i.e. the coordinates of the calculated 
point, as well as the intersection point with the FAC, which defines the R6 safety distance. 
Tab. 1 shows the parameters varied within the perfomed sensitivity analysis. The initial 
values are corresponding to the calculated point in Fig. 1. The variation of the parameters 
was done by splitting the considered interval in 1000 steps for each parameter, while the 
other parameters kept their initial values. 

The range of the variation intervals was set to      of the initial value in order to enhance 
the comparability of the obtained results. This is an important issue because the variation 
range has a main impact on the represenattion in Fig. 2, since here the position within the 
variation range is expressed as a percentage value (0% – 100%). 

 



 

Figure 1: Initial state prior to the sensitivity analysis 

 

    

Table 1: Parameters of the sensitivity analysis and corresponding iteration intervals 

   

The sensitivity analysis results are subsumed in Fig. 2. Thereby, the R6 safety distance was 
defined as the decisive value (ordinate) and a common ascissa was provided by 
representing the variation ranges as percentages. 

 

By means of Fig. 2 the sensitivity of the initial state, i.e. of the calculated point in Fig. 1, can 
be determined with respect to the varied parameters. The systems sensitivity related to a 
specific parameter is corresponding to the absolute value of the slope of the related 
parameter curve, i.e. the higher this absolute value the higher the system sensitivity w.r.t. this 
parameter. The slopes of the resulting parameter curves from Fig. 2 are presented in Tab. 2. 
Since the parameter curves are not linear, but also for comparability reasons, the slope of 
the secant (from 0% to 100%) and the slope of the regression line were calculated as well. 
By comparing these values one can see that the differences are marginal and hence either 
approach yields the same result, at least qualitatively. 

 

Parameter   Value   Min. Value   Max. Value  

Outer radius    [mm]   400,25   360,23   440,27  

Wall thickness   [mm]   47,30   42,57   52,03  

Crack depth   [mm]   23,60   21,24   25,96  

Crack length   [mm]   292,00   262,80   321,20  

Primary stress   
  [MPa]   71,33   64,20   78,46  

Bending moment    [kNm]   5000,00   4500,00   5500,00  

Fracture toughness         √     153,02   137,72   168,32  



 

Figure 2: Sensitivity analysis results 

 

Table 2: Sensitivity analysis results: slopes of the corresponding parameter curves 
approximated as secant and as regression line 

From Fig. 2 and Tab. 2 an order for the sensitivity of the investigated parameters can be 
deduced. Depending on the absolute value of the slope of the corresponding parameter 
curve, the order of the parameters in decreasing sensitivity is 

  ,  ,     ,   ,  ,  ,   
   

i.e. the outer radius    has the highest and the primary stress   
  the lowest sensitivity. 

Another insight concerning this sensitivity analysis is the fact, that an increased parameter 
value can cause a positive or a negative effect. Here, the effect is denoted as positive if the 
R6 safety distance is increasing with an increased parameter value as well, i.e. if the slope of 
the parameter curve is positive. According to this, a possitive effect is caused by the 
parameters  

  ,  ,       

while the parameters  

   ,  ,  ,   
   

are causing a negative effect. 

Parameter   Secant Slope   Regression Line Slope 

Outer radius    [mm]   0,00359   0,00356  

Wall thickness   [mm]   0,00238   0,00236  

Crack depth   [mm]   -0,00122   -0,00122  

Crack length   [mm]   -0,00060   -0,00060  

Primary stress   
  [MPa]   -0,00048   -0,00048  

Bending moment    [kNm]   -0,00161   -0,00161  

Fracture toughness         √     0,00167   0,00166  



3 Sensitivity Analysis with Artificial Neural Networks 

In order to prove the assertion, that the same task can be performed by ANN’s ([2], [3]), 
some network topologies were realized and validated. Tab. 3 shows the ranges of the 
parameters used to generate the training patterns for training the ANN’s. The training 
patterns were derived by using the R6 method in order to calculate the result (“safe” = 1 and 
“unsafe” = 0) related to a given parameter setting. Fig. 3 shows the locations of the 
generated data samples within the R6 FAD. 
 

Table 3: Parameter ranges for the ANN approach 

 

 

Figure 3: Simulation cloud corresponding to the ANN training patterns 

 

Fig. 4 shows 2 different network topologies which proved to be very good suited for the task 
of recognizing the sensitivity related to the input parameters. As one can see, both networks 
produce almost the same output when provided with the same input, see input nodes in 
Fig. 4. The advantage of the ANN with no hidden layers (subfigure (b)) is that the weights of 
the neural network represent the sensitivity values related to the directly connected input 
parameter. These sensitivity values are shown together with their corresponding parameter 
in Tab. 4. 

 

Parameter   Min. Value   Max. Value  

Outer radius    [mm]  390 410 

Wall thickness   [mm]  40 50 

Crack depth   [mm]  10 30 

Bending moment    [kNm]  4950 5050 

Fracture toughness         √    100 200 



  
(a) Trained ANN with one hidden layer  (b) Trained ANN with no hidden layers 

Figure 4: ANN’s after training with resulting network weights 

 

Parameter   Sensitivity by ANN  

Outer radius    [mm]  6,965 

Wall thickness   [mm]  20,967 

Crack depth   [mm]  49,237 

Bending moment    [kNm]  1,206 

Fracture toughness         √    46,663 

Table 4: Sensitivity values based on ANN weights (no hidden layer) 

 
The validation of the sensitivity values provided by the ANN approach was done by 
comparing the values (in fact, their order) with the results of the common sensitivity analysis 
performed on identical ranges for the same parameter set. Tab. 5 shows the results of the 
common sensitivity analysis. Comparing these values with the ANN results from Tab. 4, one 

can see that the ordering is preserved, except for the parameters      and  , where the 
ordering is inverted. However, this is not really relevant, because the values are very close in 
both cases. Furthermore, the most remarkable insight is that the proportional relationship 
between the sensitivity values is comparable in both approaches. 
 

Parameter   Secant Slope   Regression Line Slope 

Outer radius    [mm]  0,00088 0,00088 

Wall thickness   [mm]  0,00289 0,00287 

Crack depth   [mm]  -0,00519 -0,00527 

Bending moment    [kNm]  -0,00016 -0,00016 

Fracture toughness         √    0,00634 0,00605 

Table 5: Sensitivity analysis results for the current ANN configuration 

 



4 Summary and conclusion 

In the present work it was shown, that the important issue of sensitivity analysis can be 
achieved by means other than the common practice of performing many steps and heavy 
calculations in order to obtain a result like depicted in Fig. 2. 

Artificial neural networks proved to be suited for this task, if one is able to provide an 
appropriate network topology. During the training phase, for which training instances must be 
generated, the calculations are still based on the R6 method. However, in later phases the 
evaluation based on neural networks is very fast and could even be used for predicting the 
outcome without the need of repeating the R6 method calculations. 

Anyway, it must be mentioned that the result of both approaches depends on the selected 
variation ranges for the input parameters, which hence must be chosen very carefully in 
order to be appropriate for the investigated system. 
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Abstract 
In austenitic steam generator (SG) tubes installed in nuclear power plants (NPP), wall 
thinning and crack formation caused by stress corrosion cracking have been observed. 
These cracks are manly orientated in longitudinal direction of the tube but also in a few cases 
circumferential oriented cracks nave been found. Because of the small crack depths and wall 
thickness, the application of fracture mechanics assessments of the load-bearing capacity of 
these cracks is very limited. Equally it is almost impossible to determine the necessary 
fracture mechanics parameters for such component geometries. Damage mechanics models 
are able to describe the experimentally observed processes in smooth and cracked 
specimens. They have no restrictions like fracture mechanics models. In this research 
project, the damage model of Rousselier was used to describe the failure behavior and load-
bearing capacity of cracked steam generator tubes. The operation temperature of these 
tubes is about 300 °C. The Rousselier parameters for the austenitic steel X 2 NiCrAlTi 32-20 
(1.4558) of the tubes were determined by using tensile tests and burst tests at temperatures 
of 20 °C and 300 °C. With this damage model it is possible to evaluate the existing limit 
values for burst pressures and necessary safety factors for the plugging of steam generator 
tubes in nuclear power plants. The results can also contribute to the safety evaluation of 
stress corrosion cracking in steam generator tubes. 

1 Introduction  
Steam generator tubes are an important part of the pressure retaining boundary of the 
primary circuit. They are an important barrier between the primary circuit and the non-
radioactive water or in the secondary circuit of NPP. Steam generator tubes transfer the heat 
from the reactor core to the water-steam cycle of the secondary circuit. Impurities of the 
secondary circuit have to be prevented. Leakage of the steam generator tubes have to be 
avoided by sufficient safety margins. Steam generator tubes with insufficient safety margins 
have to be identified and must be plugged.  

The stream generator tubes were fabricated from bars and subsequently processed into 
straight pipes by extrusion. The final dimensions are achieved by cold drawing. After that the 
straight tubes are formed to u-shaped tubes by cold forming. Residual compressive stresses 
in the area of the surface are achieved by glass bead blasting of the tubes [1]. This reduces 
the tendency to stress corrosion cracking of steam generator tubes during operation. The 
operation temperature of steam generator tubes can reach temperatures up to 325 °C. 
Mechanical loadings result from different pressures of the primary circuit (up to 158 bar) and 
secondary circuit (up to 88 bar). As a result, the material has to be heat-resistant, corrosion 
resistant and be able to bear the load from pressure difference with sufficiently safety 
margins. 

Defects in steam generator tubes can be found in the form of local wall thickness weakening 
or cracks caused by stress corrosion cracking. These cracks are usually orientated in 
longitudinal direction of the tube. Because of the small crack depths and wall thicknesses, 
the application of fracture mechanics assessments of the load-bearing capacity of these 
cracks is very limited. Equally it is almost impossible to determine the necessary fracture 
mechanics parameters for such component geometry. Damage mechanics models are able 
to describe the experimentally observed processes in smooth and cracked specimens. They 
have no restrictions like fracture mechanics models. 

2 Damage mechanics model of Rousselier 
In this paper due to small wall thicknesses and small crack depths of the steam generator 
tubes the damage mechanics model of Rousselier [2] was used to describe the load-bearing 
capacity.  



The model is based on a thermodynamic approach and is applied as a void growth model for 
ductile failure, Figure 1. The model is used in the form suggested by Seidenfuss [3]. 

                

Figure 1:  Three phases of micromechanical ductile fracture [4] [5] 

For the damage mechanics based FE calculation the flow function according to Rousselier is 
used as follows:  
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In formula (1) the void volume is taken into account with the parameter f. In this paper the 
modified Rousselier model is used because of the limited number of material parameters and 
the direct link to the microstructure. 

3 Experimental studies 
Metallographic and fractographic characterisation of the material 
The investigated steam generator tubes are made from the austenitic steel 
X 2 NiCrAlTi 32-20 (1.4558) with the mean alloying elements nickel and chromium. The 
investigated SG-tubes are taken from the original fabrication and the chemical composition of 
the material fulfills the requirements of the KTA 3201.1 [6]. 

Fractographic investigations provide informations about the failure processes. With regard to 
numerical calculations of failure behavior ductile crack initiation is of particular interest. 
Specimens located in longitudinal and circumferential direction of the tubes, Table 1, have 
been investigated at 20 °C and 300 °C. 

Table 1: Overview and orientation of the investigated fracture surfaces and metallographic 
cut planes 

specimen in circumferential direction of the tube specimen in longitudinal direction of the tube 

  

circumferential metallographic cut longitudinal metallographic cut 

 

Scanning electron microscope (SEM) investigations show the fracture surface of ductile 
failure with deep dimples and many secondary dimples, Figure 2 and Figure 4. 



 

      (a) (b) 

Figure 2: Fracture surface of a tensile test in longitudinal direction of the tube, SEM, (a) 20 °C 
and (b) 300 °C 

  

       (a) (b) 

Figure 3:  Metallographic investigation of a tested tensile specimen in longitudinal direction of 
the tube, SEM, 20 °C (a) crack surface and (b) void with inclusion 

Dimples in longitudinal direction of the tube are nearly rounded, Figure 2. The SEM studies 
show that the dimples at the fracture surface at 300 °C are less ductile than at 20 °C and 
there are less secondary dimples, too. Figure 3 (a) represent a metallographic cut. All voids 
are oriented in loading direction of the specimen. Most of the voids initiate at inclusions, 
Figure 3 (b). 

  

     (a) (b) 

Figure 4: Fracture surface of a tensile test in circumferential direction of the tube, SEM, (a) 
20 °C and (b) 300 °C 



Figure 4 show the fracture surface of a specimen in circumferential direction of the tube. In 
contrast to Figure 2 the dimples of these specimens are less deep and elongated. One 
conspicuous difference to Figure 2 is that next to very large dimples micro secondary 
dimples exist. The SEM studies show that the dimples at the fracture surface at 300 °C are 
less ductile than at 20 °C, compare Figure 2. 

  
       (a) (b) 

Figure 5: Metallographic investigation of a tested tensile specimen in circumferential direction 
of the tube, SEM, (a) crack surface and (b) voids with inclusion 

Void growth of this specimen is not yet that strongly formed than for the specimen in 
longitudinal direction, Figure 5. The voids have no orientation to the crack tip, Figure 5 (b). 
Summarizing it is found that the inclusions are oriented in longitudinal direction of the tube. 
Void growth under loading in longitudinal or circumferential. 

Testing program 
The dimensions of the stream generator tubes are shown in Figure 6. The outer diameter Da 
is 22 mm and the average wall thickness s is 1.26 mm. 

 
Figure 6:  Part of a steam generator tube for the sampling 

For parameter identification and experimental verification of the damage mechanics 
calculations notched and unnotched flat specimens and notched hoop specimens under 
quasi static tension loading were tested.  

Figure 7:  Sample production of the flat tensile specimens 

The test temperatures were 20 °C and 300 °C. Displacement and strain measuring was done 
by means of clip gauges and an optical device. Tube strip test specimens were machined in 
longitudinal direction of the tube. The heads of the specimens were flattened but the test 



area of the specimen remained curved, Figure 7. In addition, Tube strip test specimens with 
notches (radius r = 0.75 mm, r = 1.50 mm and r = 3.00 mm) were tested, Figure 8. The 
geometry was adapted to the guidelines of DIN EN ISO 6892-1:2009 [7]. 

notch radius 
test temperatur 

20 300 

- 5 4 

0.75 3 2 

1.50 3 2 

3.00 3 2 
 

Figure 8:  Notched and unnotched flat tensile specimens 

 

 test temperatur 

20 300 

3 3 
 

Figure 9:  Notched hoop tensile specimens 

Hoop tensile specimens were made to determinate the load-deformation behavior in 
circumferential direction. Two bolts pull the specimens in cross direction of the tube, Figure 
9. The test temperatures were 20 °C and 300 °C. The material data in longitudinal direction 
are shown in, Table 2. The results of the experimental test are shown in the next chapter. 
 

Table 2: Material data for the austenitic steel X 2 NiCrAlTi 32-20 in longitudinal direction of 
the tube 

temperature Rp0,2 [MPa] Rm [MPa] Estat [MPa] 

20 °C 422 611 197000 

300 °C 371 555 177000 

 

4 Numerical calculations 
Determination of stress-strain curves and damage mechanics parameters  
The experimental data from the tests with notched and unnotched specimens were used for 
the verification of elastic plastic and damage mechanics based FE calculations. All FE 
calculations were performed with ABAQUS 6.11 code using the true stress – true stain curve 
of the austenitic steel X 2 NiCrAlTi 32-20 at 20 °C and 300 °C. The different specimen 
geometries, Figure 7 and Figure 9, were idealized as mirror symmetrical 3D models with 
C3D20R elements. For the damage calculation with the Rousselier model [2] the following 
parameters were used, Table 3: 

Table 3:  Material parameters for the Rousselier model 

temperature 
material constant 

σk 
local void fraction 

f0 
critical void 
fraction fc 

20 °C 445 1.5·10-5 0.05 

300 °C 230 1.5·10-5 0.03 



A characteristic element length of lc = 0.1 mm was used. The parameters are determined 
from the load deformation behavior of notched flat tensile specimens with the notch radius 
r = 0.75 mm. For validation of the FE calculations, Figure 10, especially the parameters of 
the Rousselier constitutive law the numerical tensile load vs. elongation, notch opening or 
necking curves of the specimens with r = 1.50 mm and r = 3.00 mm are compared with 
experimental results. Figure 11, Figure 12 and Figure 13 showed this using the example of 
r = 1.50 mm at 20 °C. The measuring length of the elongation was 25 mm. The notched 
opening and necking curves are measured with an optical device. 

Figure 10: Void volume fraction of the notched flat tensile specimen in two views 

 
Figure 11: Load-elongation behavior of tube strip test specimens with notch radius 

r = 1.50 mm, 20 °C 

 
Figure 12: Load-notch opening behavior of tube strip test specimens with notch radius 

r = 1.50 mm, 20 °C 



 
Figure 13: Load-necking behavior of flat tensile specimens with notch radius r = 1.50 mm, 

20 °C 

 
Figure 14: Load-elongation behavior of the simulated flat tensile specimens at 300 °C 

 
Figure 15: Load-elongation behavior of hoop tensile specimens, 20 °C and 300 °C 

The presented results show that the Rousselier model is able to predict the failure behavior 
of the tested specimens with high accuracy. A comparison of the simulation results of the 
tube strip test specimens with different notch radius is shown in Figure 14. The simulation 
results demonstrate quite well the dependency of the maximum load and the fracture point 
from the notch radius of the flat tensile specimens. The results for the hoop tensile specimen 
are shown in Figure 15. The Rousselier model is able to predict the failure behavior of the 
tested hoop specimens as well as failure behavior of the tube strip test specimens with high 
accuracy. 



5 Component tests for the validation of the computation model 
For further validation of the damage model burst tests on samples with longitudinal and 
circumferential notches were tested, Figure 16. The test temperatures were 20 °C and 
300 °C. Tube expansion measuring was done by means of inductive displacement 
transducers and notch expansion measuring by an optical device. The temperature of 300 °C 
applied to the specimen by heater mats, Figure 17. The internal pressure is applied by heat-
resistant oil. 

 
Figure 16: Geometry of the notches: (a) longitudinal notch and (b) circumferential notch 

 
Figure 17: Test equipment to perform burst tests with tube specimens for the temperatures 

20 °C and 300 °C 

Figure 18 show some samples before and after the burst tests. The stochastic black-and-
white pattern is necessary for the optical strain measuring device. With the help of this optical 
device, the notch opening behavior of the notched tubes can be determined. The FE mesh 
and the void volume f are shown in Figure 19. The damage mechanics simulation with the 
Rousselier model can predict the pressure-notch opening and the failure behavior of the tube 
very well, Figure 20. 

Figure 18: Samples of the burst tests with longitudinal notch (a) blank specimen, (b) 
specimen tested at 20 °C and (c) specimen tested at 300 °C 



Figure 19: Simulation model of the tube with longitudinal notch (a) quarter model, (b) 
discretization in the notch area and (c) void volume f in the notch area 

 
Figure 20: Load-notch opening behavior of burst tests with longitudinal notch at 20 °C 

Figure 21 and Figure 22 showed the diameter expansion behavior of the specimens with 
longitudinal notch for the test temperatures 20 °C and 300 °C. The two experiments 1|P2 and 
3|P2 in Figure 21 show stiffer deformation behavior than the experiment 1|P5. Due to 
measurement problems the stiffness of the specimens tested at 20 °C show a significant 
scatter. The maximum deviation between the deformation of the specimens and the 
simulation is just 0.007 mm. Specimen 1|P5 has nearly the same stiffness than the 
simulation. The point of failure can be predicted well. The simulation is able to map the 
deformation behavior of the experiments at 300 °C well, Figure 22. Only specimen 3|P3 
failed at larger deformation than the other specimens and the damage mechanics simulation. 
For all the experiments, the burst pressure can be predicted very well with the damage 
mechanics model. 

 
Figure 21: Load-tube expansion behavior of burst tests with longitudinal notch at 20 °C 



 
Figure 22: Load-tube expansion behavior of burst tests with longitudinal notch at 300 °C 

6 Application of the calculation model 
The damage mechanical calculation model developed within this research project was then 
applied exemplarily on two crack configurations (sharp axial cracks with different length 
under internal pressure loading), Figure 23. In former analyses using limit load calculations, 
these crack configurations were evaluated as critical with respect to the leak-before-break 
behavior. It could be shown that the damage mechanical model is applicable to such crack-
like findings. The calculated burst pressures are comparable to the results of the analytical 
limit load calculations, Figure 24. In these examples, the damage mechanical simulation 
yields slightly higher burst pressures than the limit load calculation. 

 

 

load level B D 

2ckrit
1) mm 34.7 17.2 

akrit (2ckrit)
2) mm 1.02 0.91 

1)  critical crack length of a through-wall crack 
2)  critical crack depth of a surface crack with the length of 2ckrit 

 

 

Figure 23: Simulation model and boundary conditions of an incipient surface crack 

 
Figure 24: Comparison between the damage mechanics simulation and analytical limit load 

calculations of surface cracks 



7 Summary and conclusions 
In this paper, the modified damage mechanics model of Rousselier was used to calculate the 
failure behavior of steam generator tubes in nuclear power plants. The operating temperature 
of the steam generator tubes is about 300 °C. Tensile tests of tube strip test specimens and 
hoop specimens in longitudinal and circumferential direction of the tubes were tested to 
determine the damage mechanics parameters of the model. The load-elongation behavior of 
the tensile tests and the point of failure can be well predicted with the damage mechanics 
model. The model was verified by experimental studies with burst tests to evaluate the 
numerical calculations. All experiments were performed at 20 °C and 300 °C. The burst 
pressures of the tube samples can also be calculated with high accuracy.  

The evaluated damage mechanics model was exemplary applied towards two sharp cracks 
(axial cracks with pressure) which were assessed as critical using limit load analysis with 
regard to the leak-before-break behavior. The study has shown that the damage mechanics 
calculation model is applicable to crack-like defects. The calculated burst pressures are 
comparable to the results of the analytical limit load calculations. In these examples, the 
damage mechanical simulation yields slightly higher burst pressures than the limit load 
calculation. 

In summary it can be stated that the deformation and failure behavior of the investigated 
steam generator tubes can be well predicted by the damage mechanics simulation. Thus, 
based on the damage mechanical model developed within this research project, a generally 
applicable calculation tools is available for the assessment of the load bearing behavior of 
degraded SG tubes. 
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Abstract 
Friction stir welding (FSW) is a solid-state joining process mostly used to join aluminium 
alloys. FSW is well known for welds with excellent properties like very good static and fatigue 
strength, low distortion and almost plain surfaces. Properties of friction stir welded joints are 
the result of complex phenomena during the process like material flow and deposition, large 
material deformations and thermomechanical interactions. These determine the evolution of 
microstructure and weld geometry. 

Friction stir welded joints consist of four characteristic zones showing different microstructure 
and hence mechanical properties. The inner processing zone is strongly influenced both of 
the pin and the shoulder and is usually called stirring zone or Nugget. As a consequence of 
severe plastic deformation and heat input during FSW this zone is fully dynamically 
recrystallized. Thus the grains are refined up to diameters about 5-10μm resulting in a high-
strength weld. Moreover, the Nugget is surrounded by a thermo-mechanical zone (TMAZ). 
The TMAZ is also subjected to remarkable plastic deformation and heat input. However, it is 
not stirred and not dynamically recrystallized. Nevertheless the microstructure is usually 
heavily distorted and the affected grains are elongated, particularly at the transition to the 
nugget zone. These elongated grains can reach lengths about 100µm and widths about 5µm. 
Furthermore, some recrystallization seeds can occasionally be found in the TMAZ. The 
TMAZ is enclosed by a heat affected zone (HAZ). Although this zone is not subjected to 
plastic deformation the microstructure of the weld may be altered by the process heat input. 
Depending on the given aluminium alloy and its original condition this may range from slight 
grain growth to accelerated age hardening. 

Due to these effects it is important to improve the knowledge about these complex 
phenomena in order to optimise the mechanical properties and the geometry of the welded 
joint. Since the actual process is hardly observable a numerical 3D model was developed for 
the whole FSW process within the FE code ABAQUS® V6.12. Thereby a better 
understanding of the process, its influences and their strong interactions among themselves 
should be enabled. In this study numerical results for temperature fields, weld formation and 
an approach for microstructure evolution are shown and compared to experimental 
investigations. 

1 Motivation 
Friction stir welding (FSW) is a solid-state joining process mostly used to join aluminium 
alloys [1, 2]. FSW is well known for welds with excellent properties like very good static and 
fatigue strength, low distortion and almost plain surfaces [3, 4]. Properties of friction stir 
welded joints are the result of complex phenomena during the process like material flow and 
deposition, large material deformations and thermomechanical interactions. These determine 
the evolution of microstructure and weld geometry [5-7]. Due to this it is important to know 
about the complex process phenomena in order to optimise the mechanical properties and 
the geometry of the welded joint. Since the actual process with its strong interactions is 
hardly observable a numerical 3D model was developed for the whole FSW process within 
the FE code ABAQUS® V6.12 [8]. Thereby a better understanding of the process, its 
influences and their strong interactions among themselves should be enabled. 

2 Friction Stir Welding Process 
The basic operational principles of the FSW process are quite simple. However, the process 
implies complex interactions between material properties and flow, heat transport and 
process forces. The operational principles mainly consist of a combination of frictional 
heating of the material and a stirring motion caused by a rotating tool (Fig. 1). While friction 
and plastic work dissipation heat, soften and plastifiy the material, the stirring motion mixes 
the material across the interface, resulting in a characteristic microstructure. 



 
FSW Process 

 
The FSW process consists of three essential phases (Fig. 1). First, the usually slightly tilted 
tool is plunged into a joint until the shoulder contacts surface of the material. After a short 
time of pre-heating, called dwelling, the rotating tool is moved along the joint line until the 
desired length is reached. A preferably short time after the start of travelling along the joint a 
steady state, e.g. constant temperature fields etc. should be reached to enable a 
homogeneous weld. In a last step the tool is removed from the weld. The remaining exit hole 
can be avoided through a retractable pin. 

 

 
 

Fig. 1. The friction stir welding process. Illustrated without clamping. 

 
Tool Geometry 
 
The rotating tool consists of a cylindrical shoulder and a protruding pin. The shoulder 
performs two main functions. First, the application of the bigger part of the process forces 
such as downward force and torque. Second, it prevents the plastified material from being 
pushed out of the actual processing zone under the shoulder. Therefore, the shoulder is 
mostly carried out concave. Particularly with respect to welding thin sheets, the shoulder 
additionally contributes notably to material intermixture. The main functions of the pin are 
both stirring of the material and an additional heating of the workpiece. Usually the pin is 
carried out as truncated cone or as a cylinder. For a better intermixture or for certain 
applications also other tool geometries are used, for instance other pin base geometries like 
squares or triangles, sometimes provided with flutes, threads etc. or shoulders with spiral 
threads. 
 
Process Parameters 
 
Main process parameters of the friction stir welding process are  

 
 rotational spindle speed  
 traverse speed  
 tool angle  
 downward force  or depth of immersion 

 
In case of displacement-controlled welding, the downward force  is a reaction to the depth 
of immersion. This depth is usually measured from the workpiece surface to the lowest part 
of the shoulder and called heel plunge depth. 



It should be mentioned that not only the parameters determine important process factors 
such as generated heat, material transport or processing zone compression, but also they 
interact strongly. For instance a slightly increased angle of the tool may result in a significant 
increased downward reaction force in a displacement-controlled process. 
 
 

 
 

Fig. 2. Parameters of the friction stir welding process and its microstructural zones. 

 

3 Microstructure and Weld Geometry 
Friction stir welded joints consist of four characteristic zones showing different microstructure 
and hence mechanical properties (Fig. 2 and 3). The inner processing zone is strongly 
influenced both of the pin and the shoulder and is usually called stirring zone or Nugget. As a 
consequence of severe plastic deformation and heat input during FSW this zone is fully 
dynamically recrystallized. Thus the grains are refined up to diameters about 5-10μm 
resulting in a high-strength weld [9, 10]. The shape of the Nugget zone depends remarkably 
on the tool geometry and the thickness of the plate. It is slightly unsymmetrical because of 
the tool rotation direction. The Nugget is surrounded by a thermo-mechanical zone (TMAZ). 
The TMAZ is also subjected to remarkable plastic deformation and heat input. However, it is 
not stirred and not dynamically recrystallized. Nevertheless the microstructure is usually 
heavily distorted and the affected grains are elongated, particularly at the transition to the 
nugget zone. These elongated grains can reach lengths about 100µm and widths about 5µm. 
Furthermore, some recrystallization seeds can occasionally be found in the TMAZ. The 
TMAZ is enclosed by a heat affected zone (HAZ). Although this zone is not subjected to 
plastic deformation the microstructure of the weld may be altered by the process heat input. 
Depending on the given aluminium alloy and its original condition this may range from slight 
grain growth to accelerated age hardening. 

The mechanical properties vary among the different zones. Besides the Hall-Petch 
strengthening due to grain refinement, there are additional influences like coherent and 
incoherent dispersoids, generation of dislocations, misorientation of grain angles etc. [11-13]. 
Moreover, crack paths predefined for instance by oxide particles or dispersoids have 



pronounced effect on fatigue life [3, 14]. Crack growth rates are strongly driven by the 
microstructure of the weld [15, 16]. 

 

 
 

Fig. 3. Barker's etching on three characteristical microstructural zones of FSW: 
HAZ (3), TMAZ (2) and Nugget Zone (1). 

4 Experimental and numerical setup and experimental results 
For this study the following experimental setup was used for numerical investigations. The 
tool has a length of 58 mm from which 35 mm belong to the fixture. The shoulder has a 
diameter of 12 mm with a concavity angle of 7°. The diameter of the pin is 5 mm and its 
length is 3 mm. The tool rotates with an angular speed of 209.5 rad/s while its tilt angle is 2°. 
The two sheets are 3 mm thick. The tool plunges into the two sheets with a velocity V
6	mm/s. After the dwelling phase the tool travels in x-direction with a velocity V
600	mm/min. Relevant for this study are the results after reaching the steady state. Further 
boundary conditions and details for the numerical model like heat dissipation, contact and 
material properties of EN AW 6061 – T6 are available in [8]. 

Figure 4 shows the numerical results for equivalent plastic strain (PEEQAVG), temperature 
(TEMPAVG) and the metallographical macrosection of the welded joint. The results for 
equivalent plastic strain and microstructure are taken from the (simulated) steady state 
welding region. The shown temperature field is taken directly under the tool during welding. 
For a better comparison the contour of Nugget and TMAZ is laid over the numerical results 
(white). Figure 4 clearly shows that the microstructure evolution, Nugget and also TMAZ, is 
strongly correlated to the calculated plastic strain. 

Moreover, Fig. 5 shows a longitudinal section at a depth of about 1.5 mm from the bottom of 
the weld. For comparison the numerical result of the equivalent plastic strain is shown. The 
longitudinal section is taken directly at the exit hole after the welding process. The numerical 
results are in good accordance to the metallographical investigation. In contrast to the real 
process, the numerical simulation was stopped instantaneously. Therefore, the diameter of 
the recrystallized circle around the exit hole is slightly bigger than the weld behind the tool. 



The detail in Fig. 5 also shows the abrupt transition from the fully recrystallized nugget to an 
almost unaffected microstructure in front of the tool being in good agreement with the 
numerical results. As expected, the high temperatures and high plastic strain of the FSW 
process are locally limited and their gradients are very high. 

 
 
 
 

                             
 
                         

     
                
 

    
 

Fig. 4. Equivalent plastic strain, temperature and metallographical examination 
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Fig. 5. Barker's etching, longitudinal section at 1.5mm from the bottom of the weld and 
numerical results for equivalent plastic strain 

5 Summary and conclusion 
In this study numerical results for temperature fields and weld formation are shown. These 
results are compared to metallographical examinations. The following conclusions can be 
drawn: 

 The results of the FE model regarding weld geometry and plastic strain are in good 
accordance with own experiments and their metallographical examinations. 

 Based on equivalent plastic strain and temperature field the microstructure evolution 
of FSW joints can be estimated. 

 The abrupt transition from nugget to base material can be found both in the 
metallographical examination and the numerical results. 

 Continuous dynamic recrystallization has to be taken into account separately for 
further research because of the high strain rates [17]. 

 In a next step, the results shown in this study are used to investigate the strength and 
ductility of the joint and the occurring strain localization due to material 
inhomogeneities. This should be investigated by both tensile tests of real specimens 
with ARAMIS deformation analysis and virtual numerical tensile tests. 
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Abstract 
Martensitic heat resistant 9-12% chromium steels are widely used for the majority of the 
components subjected to temperatures up to 650 °C maximum in coal fired power plants. 
There have been numerous investigations on the long-term creep strength behaviour by 
using uniaxial and multiaxial loaded specimens. As a result it was found that with respect to 
the damage development, the multiaxiality of the stress state has to be considered. 
Metallographic investigations showed the influence of material, temperature and state of 
multiaxiality on the formation of creep cavities as a specific feature of martensitic 9-10% Cr-
steels. Based on the results gained, it is obvious that the evaluation of damage could not be 
done on the same basis used for standard low alloy creep resistant steels. 

In the paper the differences in damage development will be reported and new approaches for 
evaluating the creep damage in high-pressure piping and boiler components made of 9%Cr-
steels will be shown. 

Introduction / Motivation 
The efficiency of power plants using steam turbines for electricity generation is directly 
connected to the steam temperature and steam pressure. An increase in efficiency demands 
an increase of steam parameters. Modern coal fired power plants achieve an overall 
efficiency of 45 % and more, the materials within the steam cycle are subjected to a 
maximum temperature up to 650°C and a steam pressure of about 250 bar.  

The materials within the steam cycle need to provide a sufficient creep and oxidation 
resistance according to their respective temperature range. Martensitic heat resistant 9-12 % 
chromium steels are widely used for components in a temperature range up to 650 °C. 
These materials show different damage behaviour compared to low alloyed heat resistant 
steels. The microstructure is more complex and the materials show a reduced formation of 
creep cavities with advancing creep damage. Also the number of creep cavities varies with 
the multiaxiality of the stress state.  

Therefore the demands for the preparation of replicas are very high and additional 
information about the microstructure in order to evaluate the damage degree of the 
investigated component is needed. Magnetic properties of metallic materials are directly 
connected to their microstructure. Another approach to determine the damage degree 
therefore is the investigation of the microstructure using non-destructive test methods such 
as barkhausen noise amplitude measurements. 

Creep tests 
Creep tests with different levels of stress and multiaxiality have been performed. In order to 
implement multiaxial stress states hollow cylinder samples, see Figure 1, under inner 
pressure and axial loads have been tested.  

 
 

 

Figure 1: Hollow cylinder with inner pressure and axial load 

The material for the creep specimen is the martensitic steel X11CrMoWVNb9-1-1 (E911) [1]. 
The chemical composition of the used heat of E911 is listed in Table 1:  



Table 1: Chemical composition of E911 creep samples 

 C Si Mn P S Al Cr Ni Mo V W Nb 

Steel E911 0,11 0,18 0,46 0,015 0,003 0,013 8,61 0,21 0,92 0,19 0,995 0,089 

 

Creep damage appearance 
Modern martensitic 9-12% chromium steels show, compared to low alloyed heat resistant 
steels, high creep rupture deformation for long-term rupture times > 50 kh. The number of 
creep cavities at high levels of creep damage is significantly lower compared to low alloyed 
heat resistant steels, see also Figure 2.  

 

 

Figure 2: Relation of creep cavity density and fracture strain in creep tests [4] 

The difference in creep cavity formation between low alloyed heat resistant steels and 9-12% 
chromium steels is also shown in Figure 3.  

 

           

Figure 3: Creep cavities in P91 rating class 2a according to [2], left side, and creep cavities in 
14MoV6-3 rating class 2b according to [2], right side 
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Figure 4: Creep cavity appearance in martensitic steel E911 compared to low alloyed 
13CrMo4-4 

Both samples have a similar damage degree, however, the amount of creep cavities in the 
ferritic steel 14MoV6-3 is significantly lower compared to the martensitic P91 steel. One 
reason for the high creep strength and reduced creep cavity formation is the existence of fine 
precipitations on grain boundaries as shown in Figure 4, which hinder the grain boundary 
creep. 

Another influencing factor on the formation of creep cavities is the quotient of multiaxiality h, 
defined as  

 

	    

with  

	   

and 

√
6 . 

 
 
With increasing multiaxiality and therefore reduced creep strain the number of cavities is 
increasing, see also Figure 5. 

Martensitic laths

Precipitations

Ferrite grain boundary 
Almost no precipitations



 

Figure 5: Influence of multiaxiality of stress state on number of cavities 

Investigation by optical microscope 

In order to determine the damage degree of service exposed materials generally a 
classification of the microstructure according to VGB rating charts [2] is performed. Usually a 
component will be replaced if the microstructure is rated as class 3b, meaning chains of 
creep cavities with specific orientation can be observed. For 9-12% chromium steels some 
crucial differences compared to low alloyed ferritic steels have to be considered:  

- The number of creep cavities in martensitic 9-12% chromium steels is significantly 
lower 

- Neither an orientation of creep cavities nor the formation of cavity chains and grain 
boundary separations were observed until the formation of macro cracks 

The propagation of damage degree along with creep cavity formation is shown in Figure 6, 
Figure 7 and Figure 8.  

 
 

         

Figure 6: Microstructure of E911 creep sample in initial state 
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In comparison with the microstructure of the initial state in Figure 6 the microstructure after 
an exposure time of 19597 h, sample E6 and a calculated lifetime usage of 78 % is shown in 
Figure 7.  

 

      

Figure 7: Microstructure of E911 sample E6 after load exposure of 19597 h and calculated 
damage degree of 78 % 

With further progress of damage degree due to a higher load, see Figure 8, the number of 
creep cavities increases.  

 

      

Figure 8: Microstructure of E911 sample E3 after load exposure of 18619 h and calculated 
damage degree of 98 % 

As can be seen, even with a highly progressed damage degree the total amount of creep 
cavities is low. Considering the difficulties in the separation between precipitates and creep 
cavities the absolute determination of damage degree by light optical methods is error-prone.  

The evolution of creep cavities over advancing damage degree in combination with 
respective multiaxiality-degree according to  



Table 3 is shown in 

 

Figure 9.  

 

Figure 9: Evolution of creep cavities with advancing damage degree and multiaxiality-degree 
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The evaluation of creep cavities has been performed using 50 visual fields with a 
magnification of 500:1. Sample E0 is used as a reference sample without creep exposure. 
The amount of creep cavities > 0 results from uncertainties in the differentiation between 
precipitates and creep cavities, see also Figure 6. As can be seen, to overall amount of 
creep cavities is relatively low, a significant increase of creep cavities can only be observed 
after a damage degree of about 80 %.  

Characterization via TEM 

During creep and temperature exposure changes in the microstructure of the exposed 
material occur. In order to determine the microstructural changes TEM investigations of 
different samples with different creep time and damage degree have been performed. The 
different samples are listed in   



Table 2. 

  



Table 2: Creep samples for TEM characterizations 

Sample  
Creep time 
[h] 

Creep 
temp. [°C] 

Inner 
pressure 
[bar] 

Axial load 
[N] 

Multi-
axiality 

coefficient 
Damage 

degree [%]

EH15 48000 600 140 6834 0,45 19

EH6  4840 600 340 0 0,33 68

EH6 Head *) 4840 600 0 10 0,33 0

EH7 40000 600 177 8640 0,45 40

EH7 Head *) 40000 600 0 8640 0,33 0

EH9 24410 600 270 0 0,33 100

EH9 Head *) 24410 600 0 0 0,33 0
 

Within the TEM investigations the particle size, subgrain size and dislocation density have 
been analysed. Figure 10 shows the appearance of the grain structure in sample EH6 after a 
load exposure time of 4840 h and a damage degree of 68 %.  

 

     

Figure 10: Appearance of grains in creep sample EH6, scale 5000:1 

Figure 11 shows the development of subgrain size, dislocation density and hardness with 
advancing damage degree.  

 



 

Figure 11: Subgrain size and dislocation density 

With increasing damage degree the subgrain size increases, the hardness and dislocation 
density decrease.  

The number and size of precipitations in connection with the development of damage degree 
is shown in Figure 12 and Figure 13.   
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Figure 12: Size of precipitations versus damage degree 

 

 

Figure 13: Number of precipitations versus damage degree 
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A correlation between progressing damage degree and particle size or amount of particles 
cannot be observed. However a correlation between subgrain size, dislocation density and 
progressing damage degree, see Figure 11, can be observed. 

Non-destructive damage evaluation with Barkhausen Noise 
Measurements 

Non-destructive testing methods are a possible method in order to support the outcome of 
the microstructure evaluation via replica. Magnetic material properties show a very sensitive 
reaction towards microstructural changes. On the creep samples as listed in 

Table 3 barkhausen noise measurements and coercive field measurements have been 
performed. Barkhausen noise measurement detects the re-orientation of magnetic domains 
in a material under the application of an alternating magnetic field. The coercive field is the 
intensity of the magnetic field which is required to reduce the magnetization of a material to 
zero after magnetization of the material to saturation.  

The reaction of the material towards an applied magnetic field depends on the material itself 
as well as on the metallographic structure which is influenced by creep load exposure.  

The NDT measurements have been performed on creep samples with creep temperatures of 
575 °C and 600 °C, see also 

Table 3. 

  

Table 3: Test conditions for the different creep specimen 

Sample  
Creep 
time [h] 

Creep 
temp. [°C] 

Inner 
pressure 
[bar] 

Axial load 
[N] 

Multi-
axiality 
coefficient

Damage 
degree 
[%] 

Creep 
cavities / 
mm² 

E0 0 0 0 0 0 0 29,1

E2 25476 575 175 8543 0,45 17 41,5

E3 18619 575 305 7100 0,42 98 378,2

E6 19597 575 236 9300 0,46 78 172,4

EH2  6643 600 235 11775 0,45 0,33 -

EH8 37669 600 177 8640 0,45 38 127,6

EH10 50217 600 140 6834 0,45 25 -

EH11 45190 600 130 6577 0,45 18 94,1
 

Figure 14 shows the barkhausen noise amplitude and the coercive field strength versus 
damage degree.  

 
 



 

Figure 14: Barkhausen noise amplitude and coercive field strength versus damage degree 

Both measurements show a clear sensitivity towards the damage degree of the sample, 
independent from the creep temperature of the respective sample. A clear assessment of 
damage degree with magnetic measurements seems difficult due to the ambiguous 
progression of the measurement curves. However, in case of repeated measurements during 
the operation of creep exposed material an identification of the damage progress seems to 
be possible.  

Summary and conclusion 
Compared to low alloy ferrritic steels modern martensitic 9-12% chromium steels show a 
significantly different damage behaviour:  

- The number of cavities is low compared to that of conventional steels 
- The formation of creep cavities occurs at higher levels of life-time consumption 
- An orientation of creep cavities and micro cracks are not mandatory at high damage 

degrees 
- Critical damage degrees can be reached while only a few cavities can be observed 

without orientation towards the maximum principal stress 

The identification of creep cavities requires a precise preparation technology. NDT 
measurements such as barkhausen noise measurements seem to be a possible method in 
order to support the evaluation of damage degree. 
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1 Introduction 
Residual stresses in mechanical components can result in both detrimental but also benefi-

cial effects on the strength and lifetime of the components. The most detailed knowledge of 

the residual stress state is of advantage or a pre-requisite for the assessment of the compo-

nent performance. Several experimental procedures based on varied physical principles are 

used to determine the residual stress state. Often these methods are divided into the groups 

of non-destructive and destructive methods. The control of residual stresses during the com-

ponent manufacture makes quality improvement and optimal material design possible. The 

mechanical methods for determining residual stresses are based on the fact that removing 

stressed material will cause a new state of stress balance. The deformations caused by this 

are measured with strain gauges. With a specific theory and a calibration for each method, 

the original residual stresses are calculated. The development of adaptive calibration to con-

sider plasticity effects is presented in this study. The results based on a presentation at 

ICRS 9 in Garmisch-Partenkirchen [15]. 

Two commonly used mechanical methods for the determination of residual stresses are the 

hole-drilling method and the ring-core method, which can both be regarded as semi-

destructive. The most restricting limitation for the general applicability of both methods, ac-

cording to the current state of science and technology, is the fact that the scope for relatively 

low residual stress under 60% of the yield stress is limited [1][2][6][9][10][11]. This is a result 

of the notch effect of the hole or ring core, which leads to plastification around and on the 

bottom of the hole and ring shaped groove already at stresses well below the yield stress of 

the material. The elastic evaluation of the resulting plastic strains leads consequently to an 

overestimation of the delineated residual stresses. In accordance with the reactor safety re-

search of the Federal Ministry of Economics and Technology (BMWi) the influence of elastic-

plastic material properties to the specific calibration function for the hole-drilling method using 

the differential method is studied, and the method of adaptive calibration functions is pre-

sented. 

2 Differential Method 
In the early 1970's, the residual stress analysis by the differential method was developed by 

Helmut Wolf, Wolfgang Böhm, Heinz Alfred Borgmann and Erwin Stücker from the research 

department of the Kraftwerk Union AG in Mülheim (Germany) for the ring core method 

[16][17]. This evaluation methodology was established and validated for the hole-drilling 
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method in the early 1990's by Thomas Schwarz and Hans Kockelmann of the materials test-

ing institute (MPA), University of Stuttgart [3][4][5][7][12]. This evaluation methodology is the 

state of the art in Europe for the determination of residual stress in the academic and indus-

trial sectors with the hole-drilling and ring-core methods. The basis of the biaxial stress calcu-

lation is a modified Hooke's law with a calibration function. The strain is changed against the 

quotient of strain and the specific calibration function K. The strain released in every single 

depth step when material is drilled out will be used by the differential method for the calcula-

tion of the residual stress in that drilling depth. The stress conditions in the drilling step be-

forehand have no influence on the single step residual stress calculation. To use geometric 

analogies of strain gage rosettes, the normalized depth Dz /  is introduced (z = depth; D 

= hole diameter). The relations are derived in the following. Changes of strain in conse-

quence of biaxial load cases   x  and   y  corresponding to equations (Eqs.) (1) and (2): 
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With the Poisson ratio µ (Eq. 3) and the Young’s modulus (Eq. 4) 
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residual stresses can be calculated corresponding to equations (5) and (6): 
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For strain gauge rosettes with 0°, 45°, and 90° measuring grids, the local residual stresses 

are calculated according to equations (7), (8) and (9). 
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By solving the equations (6) and (7) the calibration functions in x- and y-direction can be cal-

culated with a known load case (see Eqs. 10 and 11). 
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This procedure is the basis of this study. It is developed and validated for elastic residual 

stress studies [4][5][8][12][13][14]. The actual residual stress analysis according to the differ-

ential method will be calculated with the Young’s modulus, the Poisson’s ratio, and the 

measured strain on the surface. For every strain gauge type and hole diameter, the suitable 

calibration function is actually known before the residual stress calculation starts. The proce-

dure can consider boundary conditions, which are identified and constant above the drilling 

and measuring process. 

3 Method of Adaptive Calibration Function (Extended Differen-
tial Method) 

The following considerations will be concentrated on the hole drilling method but can be ap-

plied analogically to the ring core method. All parameters like material properties, residual 

stress orientation, and more axial load cases have an influence on the calibration functions. 

This influence on the residual stress calculation is mostly unknown before the procedure of 

analysis. The main condition for the following method of adaptive calibration functions is that 

the right calibration function for every load case and material property is known. Calibration 

functions have to be adapted to every depth step iterative to the stress type and the residual 

stresses will again be calculated with the adapted functions until the appropriate one is found 

for the respective stress and material property type. For reducing the stress parameter, two 

calibration functions for the principal stresses where introduced. The direction of the principal 

strains has to be equal to the direction of the measured strain 0 and 90  for every depth 

step   (Eq. 12). 

 01    and    902   (12) 
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Relevant for stress calculation according to the differential method is the first derivative of the 

strain over the depth. A new definition max and min will be used. The larger strain graded 

index is the maximum and the smaller one is the minimum. 
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The strain grades index can be calculated according to the equations (13) and (14). They are 

analog to the principal stresses orthogonal to each other. For the calibration functions and 

stresses the indices max and min are also used. This adaptive calibration is a function influ-

enced by the elastic parameters, the material properties, and the loading types (Eq. 15). 
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Residual stresses will be iteratively calculated according to equations (16) and (17): 
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In a loop i….n, the right calibration functions will be iteratively adapted for every depth to the 

principle stresses. The first loop step is the calculation with elastic calibration functions. 

When the difference of the v. Mises stress between two following loop steps is below 2 MPa, 

the right calibration is found. In the last loop step, the right calibration function for the stress 

type is found and the residual stress in that depth increment can be calculated. 

    )(min)(max nn        )(max1 n  and     )(min2 n   (18) 

Respectively 

    )(min)(max nn        )(min1 n  and     )(max2 n   (19) 
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The principle stresses will be calculated according to equations (18) and (19). This method of 

adaptive calibration functions allows the consideration of adaptive calibration functions with 

biaxial stress types and realistic material properties. 

4 Calibration Functions with Biaxial Load Cases and Elastic-
plastic Material Properties 

For the exact determination of residual stresses in component parts near the yield stress, the 

experimental stress-strain curve is used. With this data, the specific calibration functions for 

that material can be calculated numerically and with the method of adaptive calibration func-

tions residual stresses can be calculated. To reduce the computing time and develop a gen-

eral methodology with acceptable tolerances, the following results are based on elastic plas-

tic-material properties calculation. The simplified material model can be parameterised with 

the plastification grade (Eq. 20).  

 

 
Fig. 1: Sketch of an elastic-plastic material model and of the theory of maximum shear 

stresses (Tresca). 

Stresses above the yield stress Re are not possible, so the two-dimensional principal stress-

es are within the theory of maximum shear stresses in Figure 1. 
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ee RR

max1
   (20) 
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The second parameter is the stress divisor with minimal and maximal strain which describes 

the two-dimensional load case (Eq. 21). 
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Boundary conditions:   
   







d

d

d

d minmax    →  minmax    (22) 

With the boundary conditions (Eq. 22), a halved diagonal axis to the biaxial principal stress 

space can be introduced because maximum stress must be larger than minimum stress. The 

second condition comes from the elastic-plastic material properties, in that tension has equal 

plastification effects to compression. 

 
Fig. 2: Calibration functions according to the theory of maximum shear stressses 

Therefore, the calibration functions calculated with tension stresses can also be used for 

calculation with compression stresses. These conditions reduce the number of calibration 

functions. The analysed stress area is shown in Figure 2. Two lines of symmetry limit the 

explained reduced area. The upper and left border lines are defined by the boundary lines for 

biaxial principal stresses by using the theory of maximum shear stresses. For the study, the 

parameter “plastification grade” is concentrated to 50%, 70%, 90% and 99%. With the stress 

divisor between ±1 and a resolution of 0,25, the parameter space can be defined. Every star 

stands for one pair of calibration functions. If the functions for every star are known, the right 

one can be interpolated between these known calibration functions. 

So the consideration of elastic-plastic material properties with the method of adaptive calibra-

tion functions is accomplishable. Normally used hole diameters are limited to between 1 mm 

and 3 mm. Only residual stresses up to a depth of 0,6 times of the hole diameter will release 
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strain when material is drilled out and can be used for stress calculation. Deeper zones re-

lease not enough strain on the surface where the strain gauge is positioned. The small radii 

of the milling tools causes stress concentrations triggered by notch effects. At these local 

positions, the yield stress of the material is quickly exceeded by globally released residual 

stresses over 60% of the yield stress. So, it is very important to consider load types and re-

duce the influence of plastification to residual stress calculation. The following studies are 

reduced to hole diameters of ca. 1,7 mm and the rosette-type CEA-XX-062UM-120 from 

Vishay Intertechnology. For other configurations, the same procedure can be used. The nu-

merical studies are made with the finite-element-software Abaqus/CAE from Dassault Sys-

tems.  

5 Material Properties of a Unknown State of Residual Stress 
The state of residual stress is mostly unknown before analysis. A seasoned person some-

times knows the level of the residual stresses over the specimen from the literature, but im-

portant information like local material properties or the direction of the main stresses are 

lacking. 

Fig. 3: Typical stress-strain curve of the local position (B) and the ideal-plastic material prop-

erty model “e” and “m”. 

The correctness of the residual stress analysis with ideal-plastic material properties rises with 

the knowledge of the state of residual stresses and real material properties at the measuring 

position. Normally the stress-strain curve of the component part is known, but the local 

stress-strain curve is unknown. The schematic stress-strain curve in Figure 3 shows the 

stress-strain curve of the analysed component part (W). Local loadings of the production or 
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operating process change the material properties (W). Changes are caused by too high elas-

tic strains. So the stressed measuring positions have another stress-strain curve (B). The 

analysed measuring position have these unknown material component properties (B) with 

the local yield point Re,B. For the detailed residual stress analysis the component properties 

(B) for every depth step has to be known. This information can´t be analysed without destruc-

tive material testing. For the detection of the residual stresses at the measuring point using 

the extended differential method with an ideal-plastic model can be used. In one calculation 

the yielding point Re is equal to the material yield point Re,W and in the second calculation the 

yielding point Re is equal to the material yield strength Rm. The real residual stresses are be-

tween this calculation results. With this simplification the residual stresses can be calculated 

with the known material properties (µ, E, Re bzw. Rp0,2 und Rm). 

6 Numerical Study of the Calibration Functions with Elastic-
plastic Material Properties 

Elastic-plastic material properties are defined by the parameters yield stress Re, Young’s 

modulus E, and the Poisson ratio µ. For detection of the parameter area plastification, the 

grade of 50%, 70%, 90% and 99% were studied with a Poisson ratio µ = 0,3. These calibra-

tion functions are shown with the elastic functions, which are independent of the load case 

[7], in the diagrams in Figure 3. Each of the four plastification grades characterise one line in 

the analysed stress area (Fig. 2). There are minor changes to the elastic calibration functions 

above a plastification grade of 50%. Residual stress under this 50% line can be calculated 

with the elastic functions. Higher stresses cause plastification in the area near the hole and 

elastic correlations edit too high residual stress values. The plastification grade 70% with 

stress divisor between -0,42 and 0,99 are shown in the diagram in Figure 3. The influence of 

the plastic strain portion rises with the plastification grad. For plastification grade 90% the 

stress divisor is between -0,11 and 0,99 and for 99% between 0 and 0,99. If plastification in 

the near hole area rises, more strain will be measured by the strain gauges on the surface 

and the calibration function have to balance it. That is the reason that the calibration function 

rises in negative territory with higher plastification grade. Negative stress divisors cause 

more distinct notch effects in lower drilling depth than positive stress divisors. Thus, higher 

released strain will be measured on the surface in lower depth. But with this plastification 

near the hole, the stress concentration taken off by the drilling process due to the negative 

stress divisor and calibration functions came closer to the elastic one. With positive stress 

divisor, the stress concentration rises with the drilling depth and the calibration functions 

have to balance it. 
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Fig. 3: Calibration functions for elastic-plastic material properties.
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The biggest differences between the elastic and elastic-plastic calibration functions are in 

high two dimensional load cases. It is very important to consider these load types and reduce 

the influence of plastification to residual stress calculation. With these shown calibration func-

tions, the appropriate one for every load case and elastic-plastic material properties can be 

interpolated for use with the method of adaptive calibration function. 

To study the influence of Young’s modulus, three different moduli for steel, cast iron, and 

aluminium at different plastification grades and monoaxial load cases are shown in Figure 4. 

There is no influence of the Young’s modulus on the elastic-plastic calibration functions. For 

three different Poisson ratios, the influence on the calibration functions for elastic-plastic ma-

terial properties was studied. The worst case with high plastification grade of 99% and two 

axial load cases is shown in the diagram (Fig. 4) too. There is no influence of the Poisson 

ratio on the elastic maximum calibration function and the elastic minimum calibration function 

and can be aligned with equation (23). 

Aligned equation   
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The difference between the through functions and the aligned one with elastic-plastic proper-

ties is not so heavy. The shown case is the worst possibility. With this formula it is possible to 

use aligned functions based on the calibration function for a Poisson ratio µ = 0,3 shown in 

Figure 3 for plastically residual stress studies. The correction for different drill diameters 

based on the diameter influence of the elastic function is represented in Eq. 24. With these 

elastic polygon functions it is possible to align the ideal-plastic one from Figure 3 as well. On 

the last diagram in figure 4 the influence of five drill diameters on the calibration functions for 

elastic-plastic material properties is shown. 
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The diagram shows the worst possibility with a plastification grad of 99% and a stress divisor 

of 0,99. This is an easy possibility to consider the Poisson ratio, the drill diameter and the 

elastic-plastic material properties. 

In accordance with the reactor safety research of the Federal Ministry of Economics and 

Technology (BMWi) the ring core method and other alternate methods are studied. The find-

ings will be published with the final report of the BMWi Research Project 150 1423A “En-

hancement of Component Safety by Means of Improved Procedures for Residual Stress De-

termination - Consideration of Elastic-plastic Material Properties”. 
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Fig. 4: Influence of the Young’s modulus, Poisson ratio, and drill diameter on the calibration 

functions for elastic-plastic material properties (strain gauge CEA-XX-062UM-120). 

7 Discussion and Future Prospects 
The method of adaptive calculation function based on the differential method with the possi-

bility to consider plastification effects, caused by stress concentrations near the hole. For 

residual stress calculations, the measured data and specifically calibration functions for ma-

terial properties and load cases are needed. The method delivers the right calibration func-

tion from the shown study and calculates the residual stress for stress levels near the yield 

stress. The numerical study reduced to elastic-plastic material properties. If calibration func-

tions with real material properties are known, the method of adaptive calculation function can 
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also be used. These numerically investigated calibration functions must validate with experi-

ments. It is difficult to get a specimen with defined residual stresses or with defined mono- or 

biaxial load cases. It is possible with a tensionless state specimen or with two load cases and 

differential analyses. If the load cases are higher than the residual stress in the specimen, 

the influence of the residual stress can be neglected. So, the differential stress is proportional 

to the differential strain. The specimen will be tested with interesting and defined differential 

load cases. The experimental tests will end in the year 2014. If a software includes this 

method of adaptive calculation function with some types of materials and the experimental 

validation was successful, an improved tool for residual stress analysis will be developed. 
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Abstract 
The aim of the project is the development of a new calculation method for describing the bolt 
force relaxation for flange joints made of GRP (glass fiber reinforced polymers). In addition 
concepts have to be developed for the manufacturing of optimized flanges.  

1 Motivation 
The use of flange joints made of glass-fiber reinforced polymers (GRP) finds increased appli-
cation in the chemical industry for its advantages compared to an equivalent flange connec-
tion made of steel. Noteworthy is the fact that these flange joints are highly resistant against 
aggressive media like acids and have a lower weight. Because of their anisotropic properties, 
there is also the possibility to design an appropriate component part. A current problem un-
der operating conditions is the high bolt force relaxation, which is caused by creeping and 
relaxation processes in the GRP. To ensure tightness the flange joint is arbitrary retightened 
in practice, which can however threaten the bearing structure of the joint. So in this project 
the bolt force relaxation under operating conditions will be examined with the aim of develop-
ing a new calculation method for describing viscoelastic material properties of the GRP. With 
the help of this new procedure, service intervals shall be selectively defined 

2 Description 
Flange systems are available in two different designs: loose flange and integral flange con-
nections. A loose flange connection (Figure 1) consists of two collars, two loose flanges and 
a gasket, which are joined together form- fittingly to establish the required sealing system. 
The function of the flange joint is influenced by the mechanical interaction of all elements. 
The tightened system is exposed to temperature, media, and internal pressure conditions.  

For safe operation, the difficulty lies in the conducting of an appropriate design for flange 
joints made of GRP. On the one hand the flange joint is tight if the bolt force during assembly 
is high, but the component might fail due to the applied bolt force. On the other hand, the 
mechanical strength of the flanges is not compromised if the bolt force is too small, but the 
flange joint becomes more easily untight with time. The scope of the minimum required bolt 
force and the maximum allowable bolt force for flanges made of GRP is very small, because 
of the lower linear elastic bolt range. Therefore the flange joints can be overloaded much 
faster than those made of steel.  

 

 

Figure 1: Loose flange joint made of GRP with PTFE gasket 



By calculating allowable bolt forces with current designs, the evaluated bolt forces are too 
small. This leads to a rapid decrease to below the reqired value of the gasket load reaction 
within the operating time, which results in relaxation and creep processes in the GRP. With 
the aim of improving the design of a flange joint made of GRP and reducing conservativities, 
different analytical methods have been introduced in two previous projects. Now it is possible 
to allow higher bolt forces and extend service intervals.  

A current problem under operating conditions is the high bolt force relaxation. In this project 
the bolt force relaxation under operating conditions will be examined with the aim of develop-
ing a new calculation method for describing viscoelastic material properties of the GRP. With 
the help of this new procedure, service intervals shall be selectively defined. A first approach 
was already developed in the previous project, but its validity has to be proved experimental-
ly (for example also for different GRP materials). 

To achieve the aim of the project, viscoelastic specific values have to be determined. 

 

Figure 2: Loose flange in a testing press 

The current practice for the determination of specific values of a specimen was conducted in 
the previous project. It has to be verified that this method can also be used for describing the 
viscoelastic material behavior of components. Creep tests have to be conducted at first to 
determine the creep yields (this correlates to the reciprocal value of the Youngs Modulus). 
Strains at most stressed areas are measured for it in a testing press at different temperatures 
(Figure 2). With the measured strains, the creep yields can be determined. After a selection 
of a reference temperature, the curve progressions, which are measured for a certain time 
interval at different temperatures, are shifted horizontally on the reference curve and 
achieved for congruence. The time domain of the occurring master curve is higher than origi-
nally measured. The method is based on the time temperature superposition principle. This 
acts on the assumption of time and temperature equivalence and means that a changing of 
temperature has a similar effect as a changing of measuring time. This is shown in Figure 3 
for the Youngs modulus progression (T0 is the reference temperature). The logarithmic shift 
factor can be determined by moving along the time axis. The so called WLF equation de-
scribes the logarithm of the shift factor as a function of temperature: 

log aT = - C1*(T-Tref))/(C2+T-Tref) 



 

Figure 3: Master curve [1] 

With Time-Temperature-Superposition, it is possible to extrapolate over a long time period 
and with the help of the WLF equation the viscoelastic behavior can be described at other 
temperatures. 

For the next step, the determined specific values of the component have to be compared to 
the measured ones obtained from the specimen. It has to be tested if these values can be 
related to each other for conducting a conversion. This could simplify the estimation of the 
bolt force relaxation. 

For validating the approach of calculating bolt force relaxation, tests have to be conducted in 
a test stand. Flange joint elements can be tested separately or combined at different temper-
atures and bolt forces (Figure 4). The test stand consists of a metal plate where half a flange 
joint can be tightened. For measuring bolt force relaxation, strain gauges are applied on the 
bolts which are screwed on the metal plate. The flange joint can be investigated with temper-
ature and internal pressure. By using elements of steel, it is possible to measure the bolt 
force relaxation independently from the other parts of the joint. Loose flange and integral 
flange joints can be tested in this test stand. 

 

Figure 4: Test stand for measuring the bolt force relaxation  
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In Figure 5, the measured bolt force behavior, related to a compressed area of a gasket is 
shown. The gasket stress as a function of time is obtained. The TA- Luft [2] criterion of 4.2 
MPa is marked as the red line (for a nominal diameter of DN 50, unloading by internal pres-
sure is considered). The time of falling below this value can be read now. The gasket stress 
at assembling was 7.5 MPa. The flange joint was heated up to 80°C and cooled down to 
room temperature. A second tightening immediately followed.  

 

 

Figure 5: Gasket stress progression of a flange joint made of SMC with a PTFE gasket [3] 

 

Conclusion  
The aim of this project is the development of a calculation method for describing the bolt 
force relaxation which occurs for flange joints made of GRP under operating conditions and 
leads to leakage over a period of time. With tests on components in a testing press viscoe-
lastic specific values have to be determined. With these values a calculation method shall be 
developed for describing viscoelastic material properties of the GRP. For validation of this 
method, tests have to be conducted in a test stand for different temperatures and bolt forces. 
The prediction of the bolt force relaxation for flange joints made of GRP is not yet possible. 
Therefore in practice the flange joint is arbitrary retightened, which can threaten the bearing 
structure of the flange joint and results in increased maintenance efforts with high costs. The 
mathematic description of the bolt force relaxation increases the safety against leakage and 
can ensure tightness of the flange joints for a well-known period of time. 
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1 Introduction 
In (petro-) chemical plants, power plants, and other technical areas (gate-) valves and other 
armatures are used to separate different system areas or to control flow rate of the medium. 
The appropriate function of the components is essential for operational safety, availability, 
and efficiency of these types of plants. In order to properly seal stems in the lid or housing 
so-called stuffing boxes with stuffing box packings are used.  

The stuffing box packing is made up of multiple rings which are placed in the stuffing box 
between the stem and housing. They are axially compressed and preloaded during the 
assembly process. Initial gaps between the packing and housing, and packing and stem are 
closed off by elasto-plastic deformation of the packing rings. The packing material conforms 
to the surface of the housing and stem and is highly compressed so that leakage rate 
remains within defined limits. 

Due to the axial preloading radial surface pressure (which is necessary for the tightness) is 
induced between the packing and stem, and the packing and housing. The minimum surface 
pressure that is necessary for tightness or permitted leakage rate depends on the medium 
and internal pressure. This minimum surface pressure must be maintained in all service 
conditions. The stuffing boxes should ensure that the limited leakage rate is kept over long 
periods of time, at high temperatures, and under the influence of the medium and movement 
of the stem.  

The appropriate function of a valve is dependent on the outer tightness. This means that the 
defined permitted leakage rate of the stuffing box packing must be ensured. On the other 
hand the internal tightness must also be ensured; the valve stem must be free to move so 
that the valve can be closed and the flow control is possible. From this perspective there are 
two contradictory boundary conditions for the stuffing box sealing: on the one hand an 
attempt for a maximally large radial surface pressure for a lower leakage rate; on the other 
hand to minimize the frictional forces between stem and packing for the demanded 
movability of the stem. This is also necessary to minimize wear and tear of the stem or 
packing. 

As shown in Figure 1, the aim for a low friction between the stem and packing and for a 
higher tightness conflict and present a small or large preload respectively.  

Components of valves must be designed, produced, and maintained for a given lifespan. The 
selection of materials and preparation of the stem surface are of great importance. The sum 
of all loads that act on the valve sealing (including their interactions) can lead to quite 
complex material stresses. The requirement profile of a valve sealing must, with all material 
qualities, be weighted, Figure 2. The property profile of a valve stem depends on the material 
production stage and surface conditioning. 

2 Actual State of Research and Technology  
The requirements for the ensurancing of the appropriately applicable function of a stuffing 
box sealing is knowledge of all relevant loads, an appropriate design, the proper packing 
material, reliable calculations of the assembly preload as well as for the specific assembly. In 
areas where the temperatures are higher than 300 °C packing material based on graphite is 
especially used. 



 
Figure 1: Conflict within a stuffing box sealing  

 

 

Figure 2: Valve stresses in equilibrium 

3 Execution of Friction Tests 
The test rig used for the investigations was developed at the MPA Stuttgart, Figure 3. 

For all stems with different coating respectively surface conditioning the same packing 
material is used – a packing of pure graphite with 4 rings (density: 1.6 g/cm³) and 2 chamber 
rings (density 1.8 g/cm³) as used in power plants. Stem movement is driven by an electric 
motor: stem lift is limited to 50 mm and the number of cycles to 100 or 1000. 

All relevant functions of the test rig are oriented on a real valve particularly the roughness 
and dimension of stem and stuffing box housing. In order to ensure a wide spectrum of 
investigations, the test rig is designed for independent variation of all relevant test 
parameters. The axial surface pressure, temperature at the packing, surface roughness and 
conditioning of the stem, the packing, stem lift, deformation, the number of packing rings, and 
the speed of the stem during friction tests are variable. 



 

Figure 3: Schematic Representation of the Friction Test Rig  

All measured values such as the gland bolt force, stem force, stem lift, deformation, internal 
pressure and temperature are all stored. The test process is identical for all investigated 
stems. It consists of 4 steps: loading, heating, friction phase (Figure 4), and cooling down. 
After the first 3 steps a leakage rate measurement is performed according to the pressure 
drop method with an internal pressure of 160 bar using nitrogen.  

An additional key aspect of this project is the investigation of friction and sealing behavior of 
coated valve stems in mediums used in power plants such as hot water and hot steam. 

4 Target Research Results 
The goal of this planned research project is the optimization of stem sealings in valves via 
surface coating and conditioning to ensure the reduction of wear and tear and appropriate 
function. This should lead to an increase in reliability and availability of these components. 
Modern surface coatings and conditioning (e.g. HVOF-PVD double coatings) should be 
tested and optimized. 

While metallic deterioration via corrosion in non-alloyed metals such as construction steel 
occurs uniformely, local corrosion occurs in cases of passivated metals in a chloridic or 
bromidic electrolyte on defect points in the passive layer consisting of oxides. At these defect 
points (for example embedded impurities) the oxygen in the oxide layer of the passivated 
metal is substituted by chloride or bromide ions. Due to adsorption of chloride and bromide 
ions an area develops that is no longer protected by the oxide layer. This has yet to be 
clarified to what extent these attack points for corrosion in employed steals represent. 

 



 

Figure 4: Display of stem frictional force and surface pressure over the test period  
during the friction phase 

Technical advancements with respect to the medium, temperature, and inner pressure, are 
seen in the improvements of lifespan of stuffing box sealings in valves based on optimized 
frictional behavior between stem and packing (without packing getting stuck on the stem). 
The classification of the frictional behavior of different stem variants simplifies the choice of 
the stem surface coating or conditioning. The development of friction pairings with optimized 
transient behavior between static and dynamic friction is important for the use of control 
valves with large cycle numbers in which static and dynamic friction are similar. This leads to 
an optimal control behavior. 

The scientific advancement is seen in the deeper understanding of frictional behavior 
between the packing material, stem surface, and the respective characterization of the 
surface structure via surface microtopography. The standardly used roughness value, Ra, is 
alone not adequate. New knowledge is expected concerning transient behavior between 
static and dynamic friction. 

The economic advantage is a more confident assessment of frictional relationships of stuffing 
box sealings and their sealing properties in service particularly in regards to lifespan under 
the influence of high temperatures and pressures. This leads to state oriented maintenance 
provisions to increase maintenance intervals. 

Due to the expected knowledge from this project environmental and process-endangering 
stem leakages can be reduced and industry valves can be available at the highest 
technological level. Engineers can design applications to fulfill high safety and reliability 
demands. 
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Abstract 
In this paper the results of microstructure investigations carried out for Alloy 617 are pre-
sented. In order to study the effect of different heat treatment conditions on the precipitation 
and dislocation structure Transmission Electron Microscopy (TEM) was used. It could be 
seen, that the carbide structure will be stabilized at 980°C and not much affected during fol-
lowing heat treatment at 800°C done for the short time.  

1 Introduction  
Due to their excellent corrosion and oxidation behaviour, very good mechanical properties 
and thermal stability nickel alloys are frequently used in different areas in power plant tech-
nology. The intensive studies of recent years, with the aim to implement modern 700°C-
technology in the fossil power plant, is concentrated in use of these alloys in the boiler and 
steam turbine for thermally and mechanically highly loaded components. In the focus of 
these investigations is one solid solution strengthened alloy 617, proposed for the manufac-
turing of thin- and thick-walled pipes, valves, forgings etc. At high temperatures, the knowl-
edge about changes in the microstructure has a key role for the properties of the materials. 
The aging processes, particle coarsening, recovery processes and their influence on the ma-
terial behaviour has to be considered in the application and design of the components. Be-
sides the chemical composition an appropriate heat treatment is decisive for the microstruc-
ture and therefore the properties of the material. In this work the effect of different heat 
treatment temperatures and durations on the formation of precipitation was examined in Alloy 
617 with a focus on the homogenization at 980°C, which is recommended for welded joints to 
reduce residual stresses after welding. 

2 Experimental Investigation  

2.1 Material 
The material selected for this work as well as its chemical composition is included in Table 1. 
The specimens had been machined from a pipe (ø 400 x 50mm) manufactured using the 
Erhardt process. 

 

Table 1: Chemical composition of the investigated pipe 

 Chemical composition, Weigh-%  

Material C Cr Mo Co Al Ti Fe Others 

Alloy 617 0,050 22,1 8,5 11,1 1,20 0,29 0,65 Ni, Cu, B 

 

All investigated material states are shown in Table 2. The temperature of the solution anneal-
ing of Alloy 617 depends on the application and is usually between 1150°C and 1200°C [1] 
with the exception of large forged parts, which are annealed at lower temperatures between 
1000°C and 1100°C [2]. The holding time during this heat treatment depends on the thick-
ness of the component. In this study two different annealing temperatures has been applied 
to Alloy 617, one from the lower region at 1160°C and another as the maximum temperature 
at 1200°C (state A1 and A2, see Table 2). The holding time was 3 h with quenching in water. 
Another sample has been solution-annealed first at 1200°C, then at 1160°C and finally an-
nealed at 980°C for 3 h with cooling in air (state A3). Next two samples were solution-
annealed at 1160°C and at 1200°C respectively, following by a thermal exposing at 800°C for 
3 h with cooling in air (A4 und A5). For samples A6 and A7 a heat treatment at 980°C for 3 h 



was carried out after solution annealing followed by thermal exposure at 800°C for 3h both 
with cooling in air. 

 

Table 2: Investigated states Alloy 617  

Alloy 617 
State 

Parameter of heat treatment 

A1 1160°C - 3h / Water 

A2 1200°C - 3h / Water 

A3 1200°C - 3h / Water / 1160°C - 3h / Water / 980°C - 3h / Air 

A4 1160°C - 3h / Water / 800°C - 3h / Air 

A5 1200°C - 3h / Water / 800°C - 3h / Air 

A6 1160°C - 3h / Water / 980°C - 3h / Air / 800°C -3h / Air 

A7 1200°C - 3h / Water / 1160°C - 3h / Water / 980°C - 3h / Air / 800°C - 3h / Air 

 

2.2 Microstructure investigation 

2.3 Optical Microscopy (OM) 

Sample preparation for the light optical characterization includes wet grinding by SiC abra-
sive paper with 180-, 320-, 500-, 800- and 1200-grit and polishing with diamond paste with 
15 µm-, 6 µm- and 1 µm-grit for 5 min respectively. Afterwards the samples were polished 
(vibratory polisher) with diamond paste (1 µm) and SiO2 (0,05 µm) and etched in 10% aque-
ous oxalic acid, in order to reveal the grain size, morphology, and presence of second-phase 
precipitates. For the light-optical observations the light microscope Aristomet from Leica was 
used. 

2.4 Transmission Electron Microscopy (TEM) 

For the determination of the precipitate population the specimens of Alloy 617 were investi-
gated by Transmission Electron Microscope (TEM). For these analyses a microscope JEOL 
JEM 2000 FX was used. For the investigation of the precipitation sizes metal foils were used. 
The identification of particles was done by Selected Area Diffraction Pattern (SADP) and 
Energy-Dispersive X-ray spectroscopy (EDX).  

The size, size distribution, and other geometric parameters of the particles were determined 
by image analysis. For this purpose, the program ImageJ was used. As essential geometric 
parameters of a particle a diameter of the circle of equal area (equivalence circuit) is used for 
further discussion. Up to 14 images were evaluated at a magnification from 10,000 to 
150,000 for each state.  



3 Results and discussion  

3.1 Metallographic characterization 

The microstructure of Alloy 617 consists of an austenitic γ - matrix with precipitates as carbo-
nitrides Ti (C, N), carbides M23C6 and M6C. After thermal aging a metastable intermetallic 
phase γ' (Ni3(Al, Ti)) [3, 4, 5] is forming. The grain structure is inhomogeneous and the car-
bonitrides unevenly distributed in the microstructure. The distribution of the carbides is also 
inhomogeneous.  

Fig. 1 shows the states of the selected specimens (A4 - A7) in which most of the precipitates 
were found. The known bimodal distribution of grain sizes with an irregular distribution of the 
precipitates within the grains can be seen. However, after heat treatment at 980°C (states A6 
and A7) a more homogeneous structure can be observed.  

a)  b)  
 

c)  d)  
 

e)  f)  
 

g)  h)  
 

Fig. 1: Microstructure of Alloy 617; light optical images; pictures on the right side are details from the 
pictures on the left side  

 

State A4 

State A5 

State A6 

State A7 



For the examined samples of Alloy 617 hardness HV10 and the grain size according to [6] 
were determined.  

The effect on hardness is illustrated in Fig. 2 a. It can be seen that the solution-annealed 
state show the lowest hardness values (A1 and A2: 157 HV10 and 157 HV10 respectively). 
The heat treatment at 980°C for 3 h results in an increase in hardness of about 50 HV10. 
The largest increase in hardness is observed for both states annealed at 800°C (A4 and A5). 
The values are approximately 200 HV10. An heat treatment at 980°C and 800°C (A6 and A7) 
also results in the increase in hardness compared to the initial condition, but is lower than for 
A4 and A5 and is within the range between 194 HV10 (A6) and 188 HV10 (A7). It is obvious 
that significant changes of the precipitates, such as condition A4 (increase in the number of 
M23C6 particles) or A3 (coarsening of M23C6 particles) do not significantly affect the hardness 
value. 
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Fig. 2: a) Hardness HV10 und b) grain size according to [6] of Alloy 617   

The influence of different heat treatments on the grain size is shown in Fig. 2 b. The bimodal 
distribution with the minimum and maximum values of the grain size can be seen. Due to the 
multiple heat treatments the growth of large grains can be observed. However, the values of 
the state A7 indicate that the scatter of the measurement is large.  

3.2 TEM- Investigations 
TEM images of all examined states are shown in Fig. 3. The grain interior and the grain 
boundary for each specimen are shown on the left and on the right in the image respectively. 
Generally, the following precipitates were identified: chromium-rich carbides M23C6, both at 
the grain boundary and within the grain and in samples annealed at 800°C, as expected the 
precipitates of the γ' phase. 

Qualitatively no significant differences between the state after a solution annealing at 1160°C 
(A1) and 1200°C (A2) in the TEM images can be observed. In both states only a few precipi-
tates are visible. These are mainly Cr-rich particles in the matrix (grain) and isolated M23C6 at 
grain boundaries. 

As a result of multiple annealing (1200°C+1160°C+980°C, state A3) larger, more equally 
distributed carbides M23C6 within the grain occur. The density of M23C6 on grain boundaries 
increases significantly, see Fig. 3 c. 

In Fig. 3 d and Fig. 3 e the states A4 and A5 are shown. These both states should reflect the 
possible influence of exposing the material below the temperature of stabilisation annealing. 
For reference, the images in Fig. 3 a or Fig. 3 b for only solution-annealed condition has to 
be used. As a result of 800°C heat treatment fine M23C6 carbides within the grains with high 
density can be observed. Furthermore, some very fine γ' particles form. On the grain bounda-
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ries, the number of M23C6 particles increases. The difference compared to the multiple an-
nealing at temperatures> 980°C is therefore the formation of the γ' particles. The number of 
these precipitates is low, and thus the carbide precipitates within the grain are dominant. 

If multi solution-annealed conditions (A6, A7) are additional heat treated at 800°C very fine γ' 
particles within the grain are present, as they were found in the states A4 and A6 (Fig. 3 d 
and e), see Fig. 3 f. They show, as expected, a carbide structure, which is similar to the 
sample A3.  

               Grain                   Grain boundary 

  

               Grain                   Grain boundary 

  
a) Condition A1 b) Condition A2 

               Grain                   Grain boundary 

  
c) Condition A3 

               Grain                   Grain boundary 

  

               Grain                  Grain boundary 

  
d) Condition A4 e) Condition A5 

               Grain                   Grain boundary 

  

               Grain                 Grain boundary 

  
f) Condition A6  g) Condition A7  

Fig. 3: TEM bright-field images of Alloy 617 for different conditions; ; A1 (1160°C); A2 (1200°C); A3 
(1200°C+1160°C+980°C); A4 (1160°C+800°C); A5 (1200°C+800°C); A6 (1160°C+980°C+800°C); A7 
(1200°C+1160°C+980°C+800°C), for details see Table 2. 



The qualitative analysis is confirmed by a quantitative evaluation in terms of particle size and 
particle density as shown in Fig. 4. 

The size of the carbides M23C6 within the grain increases in the state A3, A6 and A7 signifi-
cantly: the increase is the weakest in state A6 (3 hours solution annealing at 1160°C, 3 hours 
stabilization annealing 980°C, 3 hours at 800°C). The increase of particle size of the state A7 
(6 hours solution annealing at 1160 + 1200°C, 3 hours stabilization annealing 980°C, 3 hours 
at 800°C) or of the state A3 (6 hours solution treatment at 1160°C+ 1200°C, 3 hours stabili-
zation annealing 980°C) compared to A6 is larger due to the longer annealing time at tem-
peratures more than 980°C.  

The increase in particle size of carbides in state A7 compared to A3 is a consequence of the 
additional heat treatment at 800°C. The density of M23C6 particles obtained in state A4 fol-
lowed by state A5 reach a maximum compared to the other states. It suggests the nucleation 
stage of the formation of M23C6 carbides during the 800°C annealing. If the 980°C annealing 
is performed before 800°C annealing, coarsened M23C6 particles are already available. An 
increase of particles density can be observed only limited. 

Formation of particles of γ'-phase within the grain could be observed only in the states A4 to 
A7, when a temperature was at 800°C. A clearly influence of the previous heat treatment on 
the size or density of the precipitates cannot be determined. The beginning of the formation 
of γ'-phase is apparently, due to small particles number and size, and only strong localized 
presence of the precipitates. 

The behaviour of M23C6 particles on grain boundaries as a result of different heat treatments 
is similar to the one within the grain. The influence on the particle density is less pronounced. 
An influence of annealing at 800°C can be observed: the state A5 shows the maximum num-
ber of the particles, followed by A6 and A7, which are comparable. A4 has only a few parti-
cles. If particle coarsening occurs after a 980°C annealing or a multiple solution treatment, it 
will be affected by the increase of the particles number. 
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Fig. 4: Quantitative results of TEM investigations of different condition of Alloy 617; A1 (1160°C); A2 
(1200°C); A3 (1200°C+1160°C+980°C); A4 (1160°C+800°C); A5 (1200°C+800°C); A6 
(1160°C+980°C+800°C); A7 (1200°C+1160°C+980°C+800°C), for details see Table 2. (GI: grain inte-
rior, GB: grain boundary) 

A multiple heat treatment (solution and stabilization annealing) induce the nucleation and 
growth of M23C6 particles within the grain and at the grain boundaries. An additional heat 
treatment at 800°C can promote the formation of additional M23C6 particles, except when the 
alloy undergo multiple annealing, which cause a coarsening of the existing M23C6 particles. 

A 800°C heat treatment promotes - mainly independent of the previous heat treatment - the 
formation of γ'-phase within the grain. These are for a standard heat treatment (solution and 
stabilizing annealing) not present. However, the number of precipitates is relatively low. 
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If 980°C annealing is not carried out, a further temperature exposure caused a hardening by 
fine carbide precipitation within the grain and can therefore lead to a reduction of ductility. 

Due to these findings, it must be assumed that a change in the strength and a change of the 
interaction between stress and strain can occur. If this effect is stronger in the short-term or 
long-term range has to be investigated. The changes in the microstructure on grain bounda-
ries and within the grain affect the strength and failure behavior of the material. The increase 
in precipitation of γ’-phase in combination with the formation of fine M23C6 carbides promotes 
the strength of the grain, while the coarsening of the particles decreases the strength at the 
grain boundary. For time-dependent loading therefore failure location is more and more 
shifted towards grain boundary, which is resulting in a reduction of creep ductility. An anneal-
ing of the initial state at 980°C promotes a precipitation of carbides M23C6. Since they are 
relatively thermally stable and only few new fine M23C6 are forming, the grain can hold more 
deformation in this state. In addition, the coarsening of the particles on grain boundaries is 
low, in this case the grain boundary strength increases compared to the non-stabilized an-
nealed state. In general, the deformation capacity of the material is increased in this state, 
and stress (residual stress) can be better reduced due to plastic deformation. 

4 Summary 
In this work it could be shown how different heat treatment affects the microstructure of Alloy 
617. It could be seen, that: 

- 980°C annealing lead to homogenous distribution of carbides 

- Without heat treatment a hardening of grain interior occur due to further thermal ex-
posure. This implies a risk of the reduction of ductility in the material during operation, 
if existing carbides on grain boundaries are coarsening at the same time. 

- In the investigated temperature and time regime, carbide precipitates dominate in the 
grain, the content of γ‘-phase is very low. 

These findings allow the recommendation to apply 980°C annealing not only for the reduction 
of residual stresses in welded joints, but also for minimising the risk of crack formation in the 
base material. 
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