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WORKSHOP ON “EXPERIMENTS AND CFD CODE APPLICATION TO  

NUCLEAR REACTOR SAFETY (XCFD4NRS)” 

 

 

EXECUTIVE SUMMARY 

 

 
BACKGROUND  

 

Computational Fluid Dynamics (CFD) is to an increasing extent being adopted in nuclear reactor 

safety analyses as a tool that enables specific safety relevant phenomena occurring in the reactor 

coolant system to be better described. The Committee on the Safety of Nuclear Installations (CSNI), 

which is responsible for the activities of the OECD Nuclear Energy Agency that support advancing 

the technical base of the safety of nuclear installations, has in recent years conducted an important 

activity in the CFD area. This activity has been carried out within the scope of the CSNI working 

group on the analysis and management of accidents (GAMA), and has mainly focused on the 

formulation of user guidelines and on the assessment and verification of CFD codes. It is in this 

GAMA framework that a first workshop CFD4NRS was organized and held in Garching, Germany in 

2006.  

Following the CFD4NRS workshop, this XCFD4NRS Workshop was intended to extend the forum 

created for numerical analysts and experimentalists to exchange information in the field of Nuclear 

Reactor Safety (NRS) related activities relevant to Computational Fluid Dynamics (CFD) validation, 

but this time with more emphasis placed on new experimental techniques and two-phase CFD 

applications.  

 

SCOPE AND OBJECTIVES  

 

The purpose of the workshop was to provide a forum for numerical analysts and experimentalists to 

exchange information in the field of NRS-related activities relevant to CFD validation, with the 

objective of providing input to GAMA CFD experts to create a practical, state-of-the-art, web-based 

assessment matrix on the use of CFD for NRS applications.  

 

The scope of XCFD4NRS includes:  

 

 Single-phase and two-phase CFD simulations with an emphasis on validation in areas such as: 

boiling flows, free-surface flows, direct contact condensation and turbulent mixing. These 

applications should relate to NRS-relevant issues such as: pressurized thermal shocks, critical 

heat flux, pool heat exchangers, boron dilution, hydrogen distribution, thermal striping, etc. 

Discussion of validation of the CFD tool, use of systematic error quantification and Best 

Practice Guidelines (BPGs) was encouraged and considered in the paper review process.  

 

 Experiments providing data suitable for CFD validation, specifically in the area of NRS. 

These should focus on local measurements using multi-sensor optical or electrical probes, 

laser-doppler velocimetry, hot-film/wire anemometry, particle image velocimetry and laser 

induced fluorescence. Papers should include a discussion of measurement uncertainties.  

 

CONCLUSIONS AND RECOMMENDATIONS  

 

There were over 140 participants to the XCFD4NRS workshop to hear 5 invited talks, 3 talks on 

OECD-CSNI activity related to CFD, 44 technical papers, and to see 15 posters. This is about 40% 

increase with respect to the previous CFD4NRS held in Garching in 2006, and this confirms that there 

is a real need for such workshops. The objectives that 2/3 of the papers be concerned with two-phase 

issues and 1/3 dedicated to experimental techniques and CFD grade experimental data were reached.  
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USA was candidate to host a follow-up meeting, organized by US-NRC (confirmed by NRC a few 

days after the workshop). The suggestion received encouraging remarks from the audience during the 

discussion at the panel session. KAERI also proposed to host and organize a future workshop. A great 

majority of participants considered they would be interested in attending a follow-up workshop within 

two years.  

Comments were made during the panel session on the content of XCFD4NRS. it was considered that 

some contributions were not directly related to the nuclear safety. Another comment suggested that 

such workshops should be a forum to discuss novel approaches but one must also keep in mind that 

the end users are people from the nuclear safety. There was a consensus on the need to keep a high 

quality of papers. It was also suggested to promote international benchmarks for CFD.  

Both CFD4NRS and XCFD4NRS workshops proved to be very valuable means to assess the status of 

CFD code capabilities and validation, to exchange experiences in CFD code applications, and to 

monitor progress.  

There was again an offer to publish selected papers from the workshop in a special issue of the 

Nuclear Engineering and Design (NED) Journal. It was also mentioned that the special issue devoted 

to CFD4NRS received a very high number of visits on the journal website and a lot of papers were 

downloaded. Session chairmen will make a selection of papers to be submitted to the NED Journal. It 

is anticipated that the special issue of NED dedicated to XCFD4NRS will appear early in 2009.  

The following additional comments were made:  

 

 Current capabilities of two-phase measurement techniques are still too limitative for CFD 

validation. Further efforts are required to develop more advanced techniques, such as X-ray 

PIV, and international cooperation is necessary to support the high cost of development.  

 

 Most of CFD codes are commercial and do not offer a full transparency with access to 

sources, which may be a problem from a regulation point of view.  

 

 Application of CFD to Nuclear Safety requires that code uncertainties are determined, as they 

are now for system codes.  

 

The participants made the following recommendations:  

 

 One should keep a close link between people developing experimental techniques and 

performing validation experiments, and people developing CFD models and codes.  

 

 Best Practice Guidelines should still be promoted, which requires that they are further 

developed and made more specific to each application. For two-phase CFD the establishment 

of Guidelines on the choice of the physical models depending on the phenomena being 

investigated has to be considered as a long term activity.  

 

 Experimental techniques should be further developed to provide CFD-grade data for 

validating CFD models, including estimates of measurement uncertainties.  

 

 A new item should be added in the scope of the workshop: the development and application 

of uncertainty evaluation methods for CFD codes  

 

Summaries of the technical sessions are given at the end of Technical Sessions. The organisational 

aspects and paper selection are outlined in Annex I, and the list of participants is given in Annex II. 
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The DEN Simulation Platform for Nuclear Applications

Industrial needs
An Open Source Platform for building 

multi-physics and multi-scale industrial 
simulation tools from CAD to post-processing

An Open Source Platform for building 
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The NURESIM Platform 
(European FP6 and FP7)

Scope
To develop the next-generation best-estimate, experimentally 
validated simulation tools for reactor physics (thermal-
hydraulics, neutronics, multi-physics, sensitivity & uncertainty 
analysis) with improved prediction capabilities and robustness

NURESIM Project (FP6) NURISP Project (FP7)
18 22 participating organizations 

Open Seminar in Madrid, November 27-28th
http://www.nuresim.com
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First Day, Wednesday, September 10 

08.00 – 09.30 Registration 

 Auditorium 
09.00 – 09.30 Opening Remarks 

Welcoming Address: CEA-Grenoble D. Grand 

CEA-DEN-DSOE: C. Chauliac 

09.30 – 10.10 Keynote Lecture: V. Teschendorf , The Role of CFD in NPP Safety 

10.10 – 10.40 Coffee Break 

10.40 – 12.10 Keynote Lectures: Summary of WG1, WG2 & WG3  

J.H. Mahaffy,  Best Practice Guidelines for the use of CFD for NRS applications 

B. Smith, Assessment of CFD for NRS  

D. Bestion, Extension of CFD use to 2-phase NRS issues  

12.10 – 13.40 Lunch 

 Auditorium Room B 

13.40 – 15.20 Session HOR: HOR-01; HOR-02, HOR-03, HOR-04 Session AC: AC-01, AC-02, AC-03, AC-04   

15.20 – 15.50 Coffee Break  + Poster Session  

15.50 – 17.30 Session PTS: PTS-01, PTS-02, PTS-03, PTS-04 Session MIX: : MIX-01, MIX-02, MIX-03, MIX-04 

17.30 
Adjourn 

Second Day, Thursday, September 11 

 Auditorium Room B 
08.30 – 09.15 Keynote Lecture: Y. Hassan, Single Phase CFD Simulation and Experimental Validation 

for Advanced Nuclear System Components 

09.15 – 10.30 Session BOI: BOI-01, BOI-02, BOI-03 Session CO: CO-01, CO-02, CO-03 

10.30– 11.00 Coffee Break + Poster Session 

11.00 – 11.45 Keynote Lecture: T. Hibiki, Modeling and Measurement of Interfacial Area Concentration 

in Two-phase Flow 

11.45 – 12.35 Session BOI: BOI-04, BOI-05 Session CO: CO-04, CO-05 

12.35 – 14.00 Lunch 

14.00– 14.45 Keynote Lecture: S. Banerjee Advanced fine scale modelling of two-phase flow 

14.45 – 16.25 Session MS: MS-01, MS-02, MS-03, MS-04 Session MIX: : MIX-05, MIX-06, MIX-07, MIX-08 

16.25 – 16.55 Coffee Break + Poster Session 

16.55 – 17.45 Session BOI: BOI-06, BOI-07 Session CSG: CSG-01, CSG-02 

17.45 Adjourn 

20.00 Dinner 

Third Day, Friday, September 12 

 Auditorium Room B 
08.30 – 09.15 Keynote Lecture: T. Schulenberg, Experimental Techniques for Heavy Liquid Metals 

09.15 – 10.30 Session BOI: BOI-08, BOI-09, BOI-10 Session AR: AR-01, AR-02, AR-03 

10.30 – 11.00 Coffee Break + Poster Session 

11.00 – 12.20 Panel Session: Conclusions 

12.20 – 14.00 Lunch 

End of Workshop 

14.00 – 16.30 Visit to CEA thermalhydraulic experimental facilities 
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J.H. Mahaffy,  Best Practice Guidelines for the use of CFD for NRS applications 

B. Smith, Assessment of CFD for NRS  
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12.10 – 13.40 Lunch 

 Auditorium Room B 
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15.20 – 15.50 Coffee Break  + Poster Session  

15.50 – 17.30 Session PTS: PTS-01, PTS-02, PTS-03, PTS-04 Session MIX: : MIX-01, MIX-02, MIX-03, MIX-04 

17.30 
Adjourn 

 

 

SESSION HOR: HORIZONTAL FLOW - PIPE FLOW        Chairmen: Chul-Hwa Song, T. Watanabe 

Oral presentations:  

HOR-01: Modeling free surface flows relevant to a PTS scenario: comparison between experimental data and three RANS based 

CFD-codes. Comments on the CFD-experiment integration and Best Practice Guideline, by Y. Bartosiewicz, J.-M. 

Seynhaeve, C. Vallée, T. Höhne, J.M. Laviéville 

HOR-02: Nuclear Magnetic Resonance: a new tool for the validation of multi-phase multi-dimensional CFD codes, by H. Lemonnier 

HOR-03: Experimental investigation of stratification phenomena in horizontal two-phase flows for CFD validation, by M. 

Marchand, M. Bottin, J.P. Berlandis, E. Hervieu 

HOR-04: Numerical modelling of direct contact condensation in transition from stratified to slug flow, by L. Štrubelj, I. Tiselj 

Poster  

HOR-05: Experimental CCFD grade data for stratified two-phase flows, by C. Vallée, D. Lucas, M. Beyer, H. Pietruske, P. Schütz, 

H. Car 

 

SESSION AC: ACCIDENT ANALYSIS                  Chairmen: N. Seiler, T. Morii 

Oral presentations:  

AC-01: Experiments and CFD-modelling of insulation debris transport phenomena in water flow, E. Krepper, G. Cartland-Glover, 

A. Grahn, F.P. Weiss  

AC-02: Fluid-structure interaction analysis of Large-Break Loss of Coolant Accident, by T. Brandt, V. Lestinen, T. Toppila, J. 

Kähkönen, A. Timperi, T. Pättikangas, I. Karppinen 

AC-03: Simulation of a gas jet entering a failed steam generator during a SGTR sequence: validation of a FLUENT 6.2 model, by C. 

López del Prá, F. J. S. Velasco, L. E. Herranz 

AC-04: An approach to numerical simulation and analysis of molten corium coolability in a BWR lower head, by C. T. Tran, P. 

Kudinov and T. N. Dinh 

Posters  

AC-05: Debris transport analysis related with GSI-191 in advanced Pressurized water reactor equipped with containment refuelling 

water storage tank, by Jeong Ik Lee, Soon Joon Hong, Jonguk Kim, Byung Chul Lee, Young Seok Bang, Deog Yeon Oh, 

and Byung Gil Huh 

AC-06: Data obtained at high coolant parameters suitable for validation of 3D models, by B.A. Gabaraev, E.K. Karasyov, O.Yu. 

Novoselsky, S.Z. Lutovinov, L.K. Tikhonenko, Ye.I. Trubkin, A.V. Shishov 
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SESSION PTS: PRESSURIZED THERMAL SHOCK - DIRECT CONTACT CONDENSATION 

      Chairmen: M. Scheuerer, M. Andreani 

Oral presentations:  

PTS-01: Status of a two-phase CFD approach to the PTS issue, by P. Coste, J. Pouvreau, J. Laviéville, M. Boucker 

PTS-02: FLUENT analysis of a ROSA cold leg stratification, by T. Farkas, I. Tóth 

PTS-03: CFD analysis of a turbulent jet behaviour induced by a steam jet discharge through a single hole in a subcooled water pool, 

by Hyung Seok Kang, Young-June Youn and Chul-Hwa Song 

PTS-04: PIV measurement of turbulent jet and pool mixing produced by a steam jet in a subcooled water pool, by Yeon Jun CHOO, 

Chul Hwa SONG and Young Jung YOUN 

Posters  

PTS-05: On the modelling of bubble entrainment by impinging jets in CFD simulations, by M. Schmidtke, D. Lucas 

PTS-06: Validation of Direct Contact Condensation CFD models against condensation pool experiment, by V. Tanskanen, D. 

Lakehal, M. Puustinen 

 

 

SESSION MIX: MIXING ISSUES            Chairmen: B. Smith & D. Lucas 

Oral presentations:  

MIX-01: Primary Loop Study of a VVER-1000 Reactor with special Focus on Coolant Mixing, by M. Böttcher 

MIX-02: Experimental studies and CFD calculations for buoyancy driven mixing phenomena, by M. J. da Silva, S. Thiele, T. Höhne, 

R. Vaibar, U. Hampel 

MIX-03: Experiments on slug mixing under natural circulation conditions at the ROCOM test facility using high resolution 

measurement technique and numerical modelling, by S. Kliem, T. Höhne, U. Rohde, F.-P. Weiss 

MIX-04: Verification and validation considerations regarding the qualification of numerical schemes for LES dilution problems, by 

F. Ducros, U. Bieder, O. Cioni, T. Fortin, B. Fournier, P. Quéméré 

Posters  

MIX-09: Validation of CFD code ANSYS CFX against experiments with saline slug mixing performed at the Gidropress 4-loop 

WWER-1000 test facility, by M. Bykov, A. Moskalev, A. Shishov, O. Kudryavtsev, D. Posysaev 

MIX-10: Validation of CFD code ANSYS CFX against experiments with asymmetric saline injection performed at the Gidropress 4-

loop WWER-1000 test facility , by M. Bykov, A. Moskalev, D. Posysaev, O. Kudryavtsev, A. Shishov 
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SESSION BOI: BOILING FLOW, BUBBLY FLOW AND CRITICAL HEAT FLUX 

        Chairmen: E. Hervieu, M. Henriksson 

Oral presentations:  

BOI-01: Benchmark database on the evolution of two-phase flows in a vertical pipe, by D. Lucas, M. Beyer, J. Kussin, P. Schütz 

BOI-02: Characteristics of local bubble parameters of subcooled boiling flow in an annulus, by B.J. Yun, B.U.Bae, W.M.Park, 

D.J.Euh, G.C.Park, C-.H. Song 

BOI-03: Wall-to-fluid heat transfer mechanisms in boiling flows, by B. Končar, B. Mavko  

BOI-04: Development of two-phase flow CFD code (EAGLE) with interfacial area transport equation for analysis of subcooled 

boiling flow, by B.U. Bae, B.J. Yun, H.Y. Yoon, G.C. Park, C.-H. Song 

BOI-05:  A second order turbulence model based on a Reynolds Stress approach for two-phase boiling flow and application to fuel 

assembly analysis, by S. Mimouni, F. Archambeau, M. Boucker, J. Lavieville, C. Morel 

BOI-06: Void measurement in Boiling Water Reactor rod bundles using high resolution gamma ray Tomography, by A. Bieberle, D. 

Hoppe, C. Zippe, E. Schleicher, M. Tschofen, T. Suehnel, W. Zimmermann, U. Hampel 

BOI-07: CFD validation of film flows by novel high speed liquid film sensor with high spatial resolution, by M. Damsohn, H.-M. 

Prasser 

Poster:  

BOI-11: Simulation of critical heat flux experiments in NEPTUNE_CFD code, by J. Macek, L. Vyskocil 

 

 

SESSION MS: MULTI-SCALE ANALYSIS             Chairmen: D Bestion, Y. Hassan 

Oral presentations:  

MS-01: Study of algorithmic requirements for a system-to-CFD coupling Strategy, F. Cadinu, T. Kozlowski, P. Kudinov 

MS-02: Towards a multi-scale approach of two-phase flow modelling in the context of DNB modelling, D. Jamet, O. Lebaigue, C. 

Morel, and B. Arcen 

MS-03: LEIS for the prediction of turbulent multi-fluid flows with and without phase change applied to thermal-hydraulics, by D. 

Lakehal 

MS-04:  Assessment against DNS data of a coupled CFD-stochastic model for particle dispersion in turbulent channel flows, by A. 

Dehbi 

 Auditorium Room B 
08.30 – 09.15 Keynote Lecture: Y. Hassan, Single Phase CFD Simulation and Experimental Validation 

for Advanced Nuclear System Components 

09.15 – 10.30 Session BOI: BOI-01, BOI-02, BOI-03 Session CO: CO-01, CO-02, CO-03 

10.30– 11.00 Coffee Break + Poster Session 

11.00 – 11.45 Keynote Lecture: T. Hibiki, Modeling and Measurement of Interfacial Area Concentration 

in Two-phase Flow 

11.45 – 12.35 Session BOI: BOI-04, BOI-05 Session CO: CO-04, CO-05 

12.35 – 14.00 Lunch 

14.00– 14.45 Keynote Lecture: S. Banerjee Advanced fine scale modelling of two-phase flow 

14.45 – 16.25 Session MS: MS-01, MS-02, MS-03, MS-04 Session MIX: : MIX-05, MIX-06, MIX-07, MIX-08 

16.25 – 16.55 Coffee Break + Poster Session 
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SESSION CO: CONTAINMENT THERMAL-HYDRAULICS   Chairmen: J. Mahaffy, E Graffard 

Oral presentations:  

CO-01: Modelling of sprays in containment applications with A CMFD code, by S. Mimouni, J-S. Lamy, J. Lavieville, S. Guieu, M. 

Martin 

CO-02: GASFLOW validation with Panda tests from the OECD SETH Benchmark covering steam/air and steam/helium/air mixtures, 

P. Royl, J.R. Travis, W. Breitung, Jongtae Kim, Sang Baik Kim, 

CO-03: New PANDA instrumentation for assessing gas concentration distributions in Containment Compartments, M. Ritterath, H.-

M. Prasser, D. Paladino, N. Mitric 

CO-04: On the unexpectedly large effect of re-vaporization of the condensate liquid film in two tests in the PANDA facility revealed 

by simulations with the GOTHIC code, by M. Andreani, D. Paladino, T. George  

CO-05: Validation of CFD for Containment Jet Flows including Condensation, by M. Heitsch, D. Baraldi, H. Wilkening 

Posters:  

CO-06: Operational behaviour of catalytic recombiners - experimental results and modelling approaches, , by S. Kelm, W. Jahn, 

E.A Reinecke 

CO-07: Effects of spray modes on Hydrogen risk in a Chinese NPP, by Jinbiao Xiong, Yanhua Yang, Xu Cheng 

 

 

 

SESSION MIX: MIXING ISSUES         Chairmen: B. Smith & D. Lucas 

Oral presentations:  

MIX-05: CFD Study on Coolant Mixing in VVER-440 Fuel rod bundle and fuel Assembly Head, S. Tóth, A. Aszódi 
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CSNI Safety Issues and Topics (1/3)

� Shrinking nuclear infrastructure

– Knowledge Management

– Experimental Facility Loss

� Increased public expectation on safety in use of nuclear 
energy

– Use of Risk-Informed Regulation

– Transparent technical basis for safety assessment
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CSNI Safety Issues and Topics (2/3)

� Industry initiatives to improve economics and safety 
performance

– Management Strategies

– Maintaining Safety Margins

– Fuel and Fuel Cycle Safety

– Maintaining Safety Culture
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CSNI Safety Issues and Topics (3/3)

� Necessity to ensure safety over plant lifecycle

– Ageing management

– New risk perspective and safety requirements

– Risk management across operating modes

� New reactors and new technology

– Digital technology

– New materials and fabrication technologies

– New concepts of operation

– New methods and tools
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SESAR/SFEAR: TH Safety Issues with relevance for 
maintaining key research facilities (1/2)

Issue Safety relevance of 
issue

State of knowledge on 
issue

Boron dilution Medium High

Passive safety system 
performance

High Medium

Non-pipe breaks Medium Low

S. G. tube rupture High High

Stability and power 
oscillations

High Medium

ECCS strainer clogging High Medium

Pressure tube reactor 
T/H

High Medium
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SESAR/SFEAR: TH Safety Issues with relevance for 
maintaining key research facilities (2/2)
Issue Safety relevance of 

issue
State of knowledge on 
issue

Two-phase natural 
circulation

High Medium

Thermal stratification Low Medium

Thermal cycling Low Medium

Moderator T/H Medium High

3-D core flow distribution Medium Medium

Downcomer flow 
distribution

Low Medium

Accidents initiated during 
shutdown

High Medium
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Enlarged Role of CFD for NRS

� CFD has a wider field of application in NRS than coolant 
system T/H, e. g.

– Severe accident phenomena in the containment, 

� H2 distribution and combustion

� Aerosol and FP distribution

� Fibre material in the sump

– Fires in confined space or arrangements of rooms

– Melt behaviour in vessel lower head

� Education & Training: Advanced simulation methods

� Link to non-nuclear industries
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Simulation of H2-Combustion with CFX

� Simulation of turbulent  
flame propagation with CFX

� Validation of combustion models

� Successful post-test calculations 
for experiments in Russian RUT 
facility and in German Battelle-
Model-Containment
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Clogging Issue: Particle Transport in the Sump

10XCFD4NRS Grenoble Sept. 2008

Experimental and modelling 
activities in progress for 

characterizing particles and 
their transport in sump 
water flows, including 

entrainment of air



Technical Safety 
Organisations (TSOs)

� TSOs are public organisations that 

– perform evaluations on nuclear safety and the radiation protection in a 
regulatory background

– assure independence of technical judgements

� Technical Safety Organisations are committed to perform safety research. 
The TSO Concept explicitly states among the required characteristics that 
“a TSO maintains an R&D programme allowing the development of new
knowledge and techniques in support of its missions, and an independence of 
judgement from licensees”.
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Extensive Validation Necessary for Accepting CFX for 
Safety-Cases

� Systematic validation on basic experiments, SETs and Its -> 
Validation matrix covering phenomena and scale

� Importance of preserving the link to large existing experimental
data base

– Integral system tests, e. g. BETHSY, PKL, LSTF, LOFT

– Large SETs, e. g. UPTF

– Empirical pressure loss and heat transfer correlations
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Test Facility UPTF



UPTF TRAM C 
Experiment: 
CFX Calculation

ECC-injection, 
time = 45 s
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UPTF TRAM C 
Experiment: 
CFX Calculation

ECC-injection, 
time = 100 s
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UPTF TRAM C Experiment: CFX Calculation

Top and bottom view of the lower plenum mesh
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Reducing the User Influence

� Previous assessment of code predictions, e. g. benchmarks, 
ISPs, uncertainty studies, identified the “code user effect” as a 
major source of uncertainty

� A large part of the user effect could be traced back to 
nodalisation, esp. for coarse 3D or quasi-3D volume-and-
junction arrangements

� CFD should contribute to mitigate this effect

� User effect remains important: high sensitivity to boundary 
conditions, choice of turbulence model, etc.

� BPGs have limitations in practice
17XCFD4NRS Grenoble Sept. 2008



WWER-440 
Containment
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Experimental Facility ThAI

� ThAI-Facility:

� Height: 9.2 m

� Diameter: 3.2 m

� Volume: 60 m³

� Internals: Inner cylinder, blower,  
condensate tray

� Experiments for gas distribution 
stratification temperature condensation 
combustion, aerosols, iodine

[Fig.: Becker-Technologies]
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Test TH-18: Gas injection at high elevation

� Structured grids with 166.000 to 1.188.000 
elements

� Mass flow at blower exit: 4.47 kg/s

� Different turbulence models used 
(k-ε, SST, SSG)
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Vertical flow velocity at 8.0 m
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Comparison of discretisation error and calculation time
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Investigating the Influence of Turbulance Models

� Variation of turbulence mode (2-equation models SST and 
k-ε) 

� Variation of parameters (e. g. turbulent Sc-no., product-
limiter etc.) 

� Discussing the results with code developers and users

23XCFD4NRS Grenoble Sept. 2008



Test TH-20: break-up of stratified layer by a jet   

� Test starts from a stable He-layer

� Jet from the blower erodes the layer 

� He-concentrations measured at 
various locations and compared to 
calculation 
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CFX-Simulation of ThAI 
Vessel

Inlet

Outlet

� Blower not simulated, velocity 
profile at blower exit given as 
boundary condition

� Grid of 280.000 cells

� Grid variations show that 
refinement would be necessary, 
however, computing time is 
limiting 
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Questions to CFD Application
� CFD for everything?

High effort in generating problem dependent models and speed of computation 
set limits; coupling with system scale or medium scale codes required

� One unique CFD code sufficient?

– two-phase modelling not yet consolidated; benchmarking several codes has 
its merits

– dedicated tools for specific problem areas will remain, e. g. electrical cabinet 
fires, fire-ball after aircraft crash

� Independence of safety assessment when using “commercial” codes?

– User should know, the validation basis of models and limitations of 
applicability

– BPGs must be applicable, uncertainty should be quantified
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PWR 
Containment
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Distribution of Air, Vapour and H2

Generating the computational 
grid for a PWR containment 

(Konvoi type) 
is resource consuming
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Co-operation

Huge task of developing, validating and sharing user experience
requires a co-ordinated approach:

� Domestic, e. g. German CFD-network

� Europe: 

– Code platform NURESIM

– SNE-TP: Strategic Research Agenda

� OECD: Follow-up to GAMA activities

� Sustainable forms of co-operation necessary
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German CFD-Network & International Observers
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The NURESIM roadmap



Sustainable Nuclear 
Energy Technology 

Platform (SNE-TP)

Launched in Brussels
on 21/09/07

A vision report
endorsed by
35 European 

organisations

www.snetp.eu
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Sustainable Nuclear Energy Technology Platform (SNE-TP)
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Conclusion

� CFD is expected to resolve a number of present safety issues 

� CFD will play an important role in designing future NPPs

� Accepting CFD for demonstrating safety requires thorough 
validation, including the existing large data base 

� Attention has to be paid to the user effect by applying BPGs 
and uncertainty evaluation

� The huge task for developing, validating and applying CFD 
calls for sharing work and experience by sustainable forms of 
co-operation 
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Introduction

 In the Advanced Gas Cooled Pebble Bed Reactors 
for nuclear power generation, the fuel is presented in 
the form of spherical coated particles. 

 The energy transfer phenomenon requires detailed 
understanding of the flow and temperature fields 
around the spherical fuel pebbles.

 Many of the macroscopic processes that affect 
material transport in porous media are manifestations 
of the flow behavior of the system at the microscopic 
scale ( at the scale of an individual pore volume)



 Dispersion, for example, is the result of the cumulative 
effects of a number of micro-scale phenomena, including 
the mixing caused by solid obstructions in the flow path, 
the incomplete connectivity of the medium, eddies in the 
medium, and recirculation caused by regional pressure 
gradients.

 Predictive macroscopic transport theory uses volume 
averages of micro-scale flow.

 Multipoint measurements with spatial resolution are 
necessary  to permit visualization of complex flow patterns 
and to provide data at high enough spatial density to allow 
volume averaging 



Particle Image Velocimetry (PIV)

 Optical method ( Non-intrusive )

 Velocity fields

 Spatial resolution

 Time resolution ( DPIV)

 Capability of studying two-phase

 flows

Frame 1

Frame 2

Frame 1        Frame 2

T

Velocity field



PMMA beads Square column

5 mm 56 mm

D/d=6.6                                               L/D=14.5



Refractive Index Solids

Material Refractive Index Reference

Boroscilicate (Pyrex) 1.47-1.49 Budwig

Optical Glasses 1.45-1.96 Budwig

Acrylic (PMMA) 1.49 Budwig

Polycarbonate 1.58 Budwig

FEP 1.33 -

Teflon AF 1.29-1.31 -

K8 glass 1.51 Pokusaev

Styrene - divinyl-benzene 1.5903 Adrian

Silica gel 1.452 Adrian

Fused quartz 1.4584 -



Matching Refractive Index

Air                                                   Para-cymene

Diethyl-phthalate

Ethyl-Benzyl

Viscosity

Density

Surface tension

Others



Air Water P-cymene



Experimental set-up 

 Polymethyl methacrylate square 

channel (3.1 cm x 3.1 cm x 45cm)

 Close loop

 4.7 mm diameter PMMA beads

 Para-Cymene 99%  as working fluid

 6 m particle seeding

 High speed/ high resolution camera   

( 4800 fps)

Measurements at the center plane



I.                                                      II.                                           III.

IV.                                                                   V.                                  



Results



Multiscale measurements



Play

Flow behavior for Re=500 (Pore1)

P1_Re=500.mov


Flow behavior for Re=50 (Pore 3)



Flow behavior for Re=500 (pore 3)



Re=50



Re=500



Pore representation of second 

viewing area



Re= 50                     Re=500

Flow Flow

P1_largeview_Re=50.mov
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Conclusions

 Effective use of non-invasive methods in packed beds (pore level ).

 Successful determination of interstitial velocity field

 Flow visualization allows a better understanding of physical 

phenomena involved.

Working fluid allows the possibility of mass and heat transfer 

studies in packed bed reactors.

Evidence of recirculation zones at pore level suggest the prediction 

of “micro-hot-spots” in pebble bed reactors. 



Questions?



Experimental set-up

Compressed

air
Controller

Test Section

Gas Liquid Mixer

Flow Meter

Reservoir tank

Main Loop Pump

Camera Laser sheet

Thermocouple
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IntroductionIntroduction

The modeling philosophy of thermal-hydraulic system analysis codes treatsThe modeling philosophy of thermal-hydraulic system analysis codes treats 
interface structure using flow regimes and transition criteria that cannot 
dynamically represent the changes in interfacial structure (no time or length 
scale is incorporated into the transition criteria).

This leads to instantaneous changes in flow regime, which can not only 
induce non physical oscillations in system behavior but can also hamperinduce non-physical oscillations in system behavior but can also hamper 
code accuracy and robustness.

To better represent the effects of interfacial structure and regime transition, 
the use of a first order equation to characterize interfacial area transport
has been recommended (Ishii, 1975).has been recommended (Ishii, 1975).

ai :  interfacial area concentration
vi :  interfacial velocity
Φ

( )i
i i

a
a

t
Φ

∂
+ ∇ ⋅ =

∂
v

Φ : sink and source terms
t∂

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University
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Formulation of Interfacial Area Transport Equation 
(K t f ll i d I hii 1995)(Kocamustafaogullari and Ishii, 1995)

Boltzmann Transport Equation of Particles

( ) j ph

f dV
f f S S

t V dt
⎛ ⎞∂ ∂ ⎟⎜+∇ ⋅ + = +⎟⎜ ⎟⎜⎝ ⎠∂ ∂ ∑v

jt V dt⎝ ⎠∂ ∂

( ), , : distribution function, : volume,  and : particle source and sink rates per unit

mixture volume due to particle interaction and phase change
j phf V t V S Sx

mixture volume due to particle interaction and phase change 

Interfacial Area Transport Equation

( ) ( ){ }2
3

i i
i i g ph j ph

j

a a
a

t t
α

α η Φ Φ
α

∂ ∂⎛ ⎞⎟⎜+∇ ⋅ − +∇⋅ − = +⎟⎜ ⎟⎝ ⎠∂ ∂ ∑v v
j

: rate of volume generated by nucleation source per unit mixture volume,  and :

interfacial area source and sink rates per unit mixture volume due to particle interaction
ph j phη Φ Φ

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University

p p

and phase change 



Development of Two-group Interfacial Area
T t E ti (I hii d Hibiki 2005)Transport Equation (Ishii and Hibiki, 2005)

Fluid particle number density 
transport equation analogous to Interfacial Area Transport Eqtransport equation analogous to 
Boltzmann’s transport equation

Interfacial Area Transport Eq.

Two-group approachTwo group approach

Group 1
Spherical/distorted bubble 

Group 2
Cap/slug/churn-turbulent 

b bblgroup bubble group

4d,maxD
g
σ
Δρ

=Maximum Distorted Bubble Size Limit

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University

, gΔρ



Two-group Interfacial Area Transport Equation
(I hii d Ki 2004 I hii d Hibiki 2005)(Ishii and Kim, 2004; Ishii and Hibiki, 2005)

Two group Void Fraction Transport Equation

( ) ( ) ( ) 121gk g k
gk g gk gk m

t

α ρ
α ρ Γ Δ

∂
+∇⋅ = + −

∂
v

Two-group Void Fraction Transport Equation

t∂

( ) ( )3 1
12 2 1 1 1 1 1

1

* *
, ,  g crit

g j c g g ph c
j Sm

D
m D D

t D

α
Δ ρ η χ α η

⎡ ⎤⎧ ⎫∂⎪ ⎪⎪ ⎪⎢ ⎥= + +∇⋅ − ≡⎨ ⎬⎢ ⎥⎪ ⎪∂⎪ ⎪⎩ ⎭⎣ ⎦
∑ v
j⎣ ⎦

( ) ( ){ } ( )2 11 12 *a a α⎡ ⎤∂∂ ⎢ ⎥ ∑

Two-group Interfacial Area Transport Equation

( ) ( ){ } ( )2 11 1
1 1 1 1 1 1 1 1

1

2
3

*
,

gi i
i i c g g ph j ph

jg

a a
a D

t t

α
χ α η φ φ

α
∂∂ ⎢ ⎥+∇ ⋅ = − +∇⋅ − + +
⎢ ⎥∂ ∂⎣ ⎦

∑v v

( ) ( )22 22 gi ia a
a

α
α η

⎡ ⎤∂∂ ⎢ ⎥+ ∇ +∇v v( ) ( )
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2 2
2 2 2 2 2

2

2 11
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⎢ ⎥∂ ∂⎣ ⎦

⎡ ⎤∂
⎢ ⎥+ +∇⋅ − + +
⎢ ⎥∂ ∑

v v

v( ) ( )1 1 1 1 2 2
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,c g g ph j ph
jg t

χ η φ φ
α ⎢ ⎥∂⎣ ⎦

∑
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Two-group Momentum Equation
(S t l 2003)(Sun et al., 2003)

Two group Momentum Equation

( ) ( ) ( )1 1
1 1 1 1 1 1 1 1 1

g g g T
g g g g g g g g g gp

t
μ

α ρ
α ρ α α α ρ

∂ ⎡ ⎤+∇⋅ = − ∇ +∇⋅ + +⎢ ⎥⎣ ⎦∂
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One-dimensional One-group Interfacial Area
T t E tiTransport Equation

Bubbly Flow Regime
2-G Interfacial Area Transport Eq. → 1-G Interfacial Area Transport Eq. 

One-dimensional Interfacial Area Transport Equation

( )a∂ ∂ ( )i
i iz HE WE BB VT BC CDa

a
a v

t z
Φ Φ Φ Φ Φ Φ

∂ ∂
+ = + + + − −

∂ ∂

HE: bulk liquid boiling, WE: bubble nucleation from active cavities,
C C

( )dnWEWE DfN ,,ΦΦ =

BB: bubble breakup, VT: void transport, BC: bubble coalescence, CD: condensation

N : active nucleation site density f : bubble generation frequencyNn: active nucleation site density, f :  bubble generation frequency,
Dd: bubble departure size
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Presentation OutlinePresentation Outline
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Modeling of Sink and Source Terms in Interfacial Area Transport Eq.Modeling of Sink and Source Terms in Interfacial Area Transport Eq.
Sink and Source Due to Bubble Breakup and Coalescence
Sink and Source Terms Due to Phase Change
Source Term Due to Wall NucleationSource Term Due to Wall Nucleation

Database to Evaluate Interfacial Area Transport Eq.
Local Interfacial Area Measurement
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Benchmarking Interfacial Area Transport Eq.
Benchmarking 1-D IATE in Adiabatic Systems
Benchmarking 1 D IATE in Condensation SystemsBenchmarking 1-D IATE in Condensation Systems

Future Directions
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Classification of Possible Interactions of
T B bbl (Hibiki d I hii 2000)Two-group Bubbles (Hibiki and Ishii, 2000)

Coalescence Breakup

Group 1
(1+1 & 1)

Inter-group
(1+2 & 2)

Inter-group
(1+1 & 2)

Group 2
(2+2 & 2)

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Bubble Coalescence & Breakup Mechanism
(K t f ll i d I hii 1995)(Kocamustafaogullari and Ishii, 1995)

Coalescence Mechanisms

Random Collision Wake Entrainment

Breakup MechanismsBreakup Mechanisms

Turbulent impact Shearing-off Surface instability

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Modeling of Bubble Coalescence
(Hibiki d I hii 2000)(Hibiki and Ishii, 2000)

Probable Coalescence Bubble random collision induced byProbable Coalescence
Mechanism

Bubble random collision induced by 
turbulence in a liquid phase

Bubble Coalescence 
Rate

Bubble Collision 
Frequency

Coalescence 
Efficiency= x

Bubble Collision 
Frequency

(1) Turbulence is isotropic,
(2) Bubble size lies in the inertial subrange.

Coalescence

Coalescence efficiency is an exponential 
function of time required for bubble 

l i b li id fil thi iCoalescence 
Efficiency coalescence given by liquid-film-thinning 

model and a contact time for two bubbles 
given by dimensional consideration.
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Sink Term of Interfacial Area Concentration Due to 
B bbl C l (Hibiki d I hii 2000)Bubble Coalescence (Hibiki and Ishii, 2000)

Bubble Collision Coalescence

1 3 1 2 5 6 1 3
K D⎛ ⎞⎛ ⎞

Bubble Collision 
Frequency

Coalescence 
Efficiency

( )

1 3

2 3
,max

C
C

b C

f
D

γ αε
α α

=
− 1 2exp exp C f bC

C
C

K Dt ρ ε
λ

τ σ

⎛ ⎞⎛ ⎞ ⎟⎜⎟⎜ ⎟⎜⎟= − = −⎜ ⎟⎜⎟ ⎟⎜ ⎟⎜ ⎜ ⎟⎜⎝ ⎠ ⎟⎝ ⎠

2 2⎛ ⎞ ⎛ ⎞

Rate of IAC 
Change

1 2 5 6 1 3

1 1
3 3C C C b C

i i

f n
a a
α α

Φ φ λ
ψ ψ

⎛ ⎞ ⎛ ⎞⎟ ⎟⎜ ⎜⎟ ⎟= =⎜ ⎜⎟ ⎟⎜ ⎜⎟ ⎟⎜ ⎜⎝ ⎠ ⎝ ⎠
⎛ ⎞K =1 29

( )

1 2 5 6 1 31 32

5 3 1 2
,max

exp C f bC

b C

K D

D

ρ εΓ α ε
α α σ

⎛ ⎞⎟⎜ ⎟⎜= − ⎟⎜ ⎟⎜ ⎟⎜ ⎟− ⎝ ⎠

KC=1.29
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Modeling of Bubble Breakup
(Hibiki d I hii 2000)(Hibiki and Ishii, 2000)

Probable Breakup Bubble eddy random collision inducedProbable Breakup
Mechanism

Bubble-eddy random collision induced 
by turbulence in a liquid phase

Bubble Breakup 
Rate

Bubble-Eddy 
Collision Frequency

Breakup 
Efficiency= x

Bubble-Eddy  
Collision Frequency

(1) Turbulence is isotropic,
(2) Eddy size lies in the inertial subrange.
(3) Eddy with size from cD to D can break

Breakup

(3) Eddy with size from cDb to Db can break 
up bubble with size of Db.

Breakup efficiency is an exponential function Breakup 
Efficiency

p y p
of average energy of a single eddy and 
average energy required for bubble breakup

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Source Term of Interfacial Area Concentration Due to 
B bbl B k (Hibiki d I hii 2000)Bubble Breakup (Hibiki and Ishii, 2000)

Bubble Eddy BreakupBubble-Eddy 
Collision Frequency

Breakup 
Efficiency

1 3
E K⎛ ⎞⎛ ⎞

( )

1 3

2 3
,max

B
B

b B

f
D

γ αε
α α

=
− 5 3 2 3exp expB B
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ρ ε
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Change
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expB B
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Sink Term of Interfacial Area Concentration Due to 
B bbl C d ti (P k t l 2007)Bubble Condensation (Park et al., 2007)

Heat Transfer Control Region 

Inertial-Control Region 

( )
2

4 1 B
CD HC IC b c t Nuc Ja

c

D
n P N N ,

t
Φ Φ Φ π α

⎧ ⎫⎪ ⎪⎪ ⎪= + = − +⎨ ⎬⎪ ⎪⎪ ⎪⎩ ⎭

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University

c⎪ ⎪⎩ ⎭



Modeling of Wall Nucleation TermModeling of Wall Nucleation Term

W ll N l ti S T

2 : heated perimeter : cross sectional arean HN f
D A

ξ
φ π ξ=

Wall Nucleation Source Term

,  : heated perimeter, : cross-sectional areaWE d H c
c

D A
A

φ π ξ=

Key Models to Estimate Wall Nucleation Source Term

Active Nucleation Site Density, Nn

Key Models to Estimate Wall Nucleation Source Term

y, n

Bubble Departure Diameter, Dd

Bubble Departure Frequency, f

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Active Nucleation Site DensityActive Nucleation Site Density

r
r*

r

r1

r

Active nucleation site density images by Basu et al. (2002).
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Active Nucleation Site Density (Hibiki and Ishii, 2003)Active Nucleation Site Density (Hibiki and Ishii, 2003)

Knowledge of Size and Cone Angle Distributions of Cavities Modelg g

( )
2

21 exp exp 1
8n nN N f ,

R
θ λ

ρ
μ

+
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( ) ( )2 30 01064 0 48246 0 22712 0 05468 log *f ρ ρ ρ ρ ρ ρ+ + + + += + + ≡

5 2 -6=4.72 10  sites/m , =0.722 radian, =2.50 10  m, : contact angle,nN μ λ θ× ×

( ) ( ) -0.01064 0.48246 0 22712 0 05468 logf . . , ,ρ ρ ρ ρ ρ ρ= + − + ≡
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gρ Δρ ρ≡

( ){ }
( ) ( ){ }

2 1

exp 1

g f f

c

fg g sat g sat

p
R ,

i T T RTT

σ ρ ρ+
=

− −{ }
 : gas temperature,  : saturation temperature,  : latent heat,

: gas constant based on a molecular weight.  For example, the value
g sat fgT T i

R
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Active Nucleation Site Density (Hibiki and Ishii, 2003)Active Nucleation Site Density (Hibiki and Ishii, 2003)
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Bubble Departure DiameterBubble Departure Diameter

Time (ms):         0.0                    0.2                  0.4               0.6                   1.0                   1.2 Lift-offLift-off

Diameter (mm):   0.000           0.397              0.440              0.460               0.507               0.544 SlidingSliding

Time (ms):         1.4                    1.6                 1.8               2.0                   2.2                   2.4

Condensation
VaporizationHeat Flux

Condensation
VaporizationHeat Flux

i ( ) llDiameter (mm):    0.574             0.588               0.609               0.617             0.615              0.605              
DepartureFlow DepartureFlow
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Bubble Departure Diameter (Situ et al., 2008)Bubble Departure Diameter (Situ et al., 2008)

Balance of Forces on Bubble at Nucleation Site Model

FpFqs : surface tension force at -directionsxF x

y

: unsteady drag force (growth force)

        at -direction
duxF

x

FduxFslθi

x F

 : shear lift force

 : surface tension force at -direction

: unsteady drag force at

sl

sy

F

F y

F directiony

Fduy Fg

Fsx

Fsy

  : unsteady drag force atduyF -direction

    : pressure force

: gravity force
p

y

F

F    : gravity force

   : quasi-steady force  
g

qs

F

F
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Bubble Departure Diameter (Situ et al., 2008)Bubble Departure Diameter (Situ et al., 2008)

∑ y sy duy p g qsF F F F F F .= + + + +∑

0F 0syF =Surface Tension Force

4 2
444 fb α

U d D F 444
3

f
duy Jae i

b
F N sin

α
θ

π
= −Unsteady Drag Force

4 ( ) 34
3p b f g bF F grπ ρ ρ+ = − −Pressure and Gravity Forces

1/1
2 12 0 796

6 3

/ nn

qs n

f f r b Reb

F
.

v r Nπρ ν

−⎡ ⎤⎛ ⎞⎟⎜⎢ ⎥⎟= + +⎜ ⎟⎢ ⎥⎜ ⎟⎜⎝ ⎠⎢ ⎥⎣ ⎦
Quasi-Steady Force
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Bubble Departure Frequency (Situ et al., 2008)Bubble Departure Frequency (Situ et al., 2008)

Non-Dimensional Analysis Correlationy

0 8034 06 .
fd qNBN . N .=

2
dfDN ≡

Non-Dimensional Bubble Departure Frequency

fd
f

N ,
α

≡

Non-Dimensional Heat Flux Representing Nucleate Boiling Heat Transfer

qNB d
qNB

f g fg

q D
N ,

iα ρ

′′
≡

f g fg

: bubble departure diameter,

 : nucleate boiling heat flux calculated by using Chen's correlation (1966)
b

qNB

D

q ′′
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Bubble Departure Frequency (Situ et al., 2008)Bubble Departure Frequency (Situ et al., 2008)
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Local Interfacial Structure CharacterizationLocal Interfacial Structure Characterization

• Instrument: Multi-sensor Conductivity Probe
• Measured Variables (Local)

1 1– Void fraction
– Interfacial area concentration

1 1
=

Δ ∑t
i

j nij

a
T v

– Interfacial velocity
– Bubble number frequency and bubble chord length

T Di t ib ti f Th V i bl• Transverse Distribution of These Variables
• Measurements for Two Bubble Groups Separately

– Group 1: Spherical and distorted small bubbles
– Group 2: Taylor and churn-turbulent large bubbles

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Multi-Sensor Conductivity ProbeMulti Sensor Conductivity Probe

~250 mm

Epoxy and conductive ink Stainless-steel tubing,
OD: ~3 mm

Thermocouple
wires

~50-
70 mm

Epoxy

OD: 3 mm
Stainless-steel tubing

wires

Coated sensor body

< 50-micron

01
Sensor tip (uncoated)~2.5 mm

2 3

~ 0.5-0.8 mm

Not scaled
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Interfacial Area Measurement (Cont’d)Interfacial Area Measurement (Cont d)

impedance
Δ /Δt

t4

downstream sensor
(sensor 2) sensor 1

vi=Δs/Δtt3

t2
upstream sensor

(sensor 1)
Δs

sensor 2

t2
t1

time
Δt

Δs vb t1 t2 t3 t4
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Conductivity Probe PortConductivity Probe Port
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Benchmark with Image Analysis
(50.8 mm ID Pipe Upward Flow: <jf > = 0.321 and <jg> = 0.179 m/s)

40 80

 [
%

]

image
experiment
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C 40

a i

 [1/m]
image
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α
 [
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 F IA
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j f =0.321m/s
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Database to Evaluate Interfacial Area Transport 
E ti Adi b ti T h FlEquation -Adiabatic Two-phase Flow-
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Database to Evaluate Interfacial Area Transport 
E ti B ili T h FlEquation -Boiling Two-phase Flow-

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Summary of Interfacial Area DatabaseSummary of Interfacial Area Database

• Test Section Geometry: Round pipe, Confined channel,   
Annulus and Rod Bundle
T t S ti Si 1 t 102• Test Section Size: 1 mm to 102 mm

• Flow Regime: Bubbly, Cap-bubbly, Slug and Churn-
turbulent Flowsturbulent Flows,

• Flow Condition: <jg> up to 10 m/s, <jf> from -3.1 m/s to 
5.0 m/s

• Thermal Condition: Adiabatic and Diabatic Flows
• Gravity Condition: Normal and Micro Gravity Conditions

P C diti At h i P• Pressure Condition: Atmospheric Pressure

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Database for 8 X 8 Rod Bundle GeometryDatabase for 8 X 8 Rod Bundle Geometry

d
W

d

S

x

Subchannel Center
Rod Gap CenterRod Gap Center
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Database for 8 X 8 Rod Bundle GeometryDatabase for 8 X 8 Rod Bundle Geometry
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Database for 8 X 8 Rod Bundle GeometryDatabase for 8 X 8 Rod Bundle Geometry
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Local Data for 8 X 8 Rod Bundle Geometry at z/D=200
( j 0 2 / d j 0 02 / )(<jf > = 0.2 m/s and <jg> = 0.02 m/s)
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1-D Data for 8 X 8 Rod Bundle Geometry
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Local Data for 8 X 8 Rod Bundle Geometry at z/D=200
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1-D Data for 8 X 8 Rod Bundle Geometry1 D Data for 8 X 8 Rod Bundle Geometry
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Benchmarking One-Dimensional
I t f i l A T t E tiInterfacial Area Transport Equation
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Benchmarking One-Dimensional Interfacial Area 
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Benchmarking Interfacial Area Transport Equation
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Benchmarking One-Dimensional
I t f i l A T t E tiInterfacial Area Transport Equation

One-Dimensional One-Group IATE under Steady Bubbly Flow Conditions
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Benchmarking One-Dimensional
I t f i l A T t E tiInterfacial Area Transport Equation
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Formulation of Interfacial Area Transport EquationFormulation of Interfacial Area Transport Equation

1975 Ishii Basic concept of necessity of interfacial area transport equation

1995 Kocamustafaogullari and 
Ishii

Foundation of interfacial area transport equation

2003c Hibiki et al. Formulation of one-dimensional interfacial area transport equation in subcooled 
boiling flow

2003a Sun et al. Formulation of modified two-fluid model for two-gas momentum equations

2004 Ishii and Kim Formulation of two-group interfacial area transport equation

Future work • Extension of interfacial area transport equation to churn-turbulent-to-annular 
fl t itiflow transition

• Extension of interfacial area transport equation to annular and annular-mist flow 
regimes
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Development of Measurement TechniquesDevelopment of Measurement Techniques
1986 Kataoka et al. Mathematical foundation of interfacial area concentration to be measured by local 

probe technique

1992 Revankar and Ishii Demonstration of double-sensor probe technique 
1993 Revankar and Ishii Demonstration of multi-sensor probe technique
1998 Hibiki et al. Development of improved double-sensor probe technique
1998 Hibiki et al. Application of hot-film anemometry to liquid velocity measurement

1999 Wu and Ishii Monte Carlo simulation of double-sensor probe technique
2000 Kim et al. Development of improved multi-sensor probe technique
2004c Sun et al. Application of laser Doppler anemometer to liquid velocity measurement

Future work • Improvement of local probe technique to be applicable to highly three-
dimensional flow

• Application of film thickness probe to measure annular flow characteristics
A li i f d l h i l i fl• Application of droplet measurement technique to measure annular-mist flow 
characteristics
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Database Construction

1998 Hibiki et al. Upward bubbly flow in vertical pipe (gas and liquid phases)

1999 Hibiki and Ishii Upward bubbly flow in vertical pipe (gas and liquid phases)p y p p (g q p )

2001 Bartel et al. Upward boiling bubbly flow in vertical annulus

2001a Hibiki et al. Upward bubbly flow in vertical pipe (gas and liquid phases)

2002 Sun et al. Upward bubbly flow in vertical large diameter pipe

2003a Hibiki et al. Downward bubbly flow in vertical pipe

2003b Hibiki et al. Upward bubbly flow in vertical annulus

2003 Kim et al. Upward bubbly flow in confined channel

2003b Sun et al. Upward cap-turbulent and transition to slug flows in vertical large diameter pipe

2003 Takamasa et al Bubbly flow in pipe under microgravity conditions2003 Takamasa et al. Bubbly flow in pipe under microgravity conditions

2004 Situ et al. Upward boiling bubbly flow in vertical annulus

2004a Sun et al. Upward cap-turbulent and churn-turbulent flows in confined channel

2005 Situ et al. Bubble lift-off and departure diameters

2007 Hazuku et al. Upward annular flow in vertical pipe

2007 Hibiki et al. Upward bubbly flow in vertical mini-channel

2008 Jeong et al. Upward cap-turbulent and churn-turbulent flows in vertical annulus

2008 Situ et al Bubble departure frequency2008 Situ et al. Bubble departure frequency

Future work • Development of extensive slug, churn-turbulent and annular flow data
• Development of extensive data at elevated pressure
• Development of extensive data in various flow channels (geometry, orientation and size)
• Development of extensive wall nucleation data (active nucleation site density, bubble departure size and 

frequency)
• Development of extensive condensation and boiling data
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• Development of extensive condensation and boiling data
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Sink and source term modelingSink and source term modeling
1983 Kocamustafaogullari and 

Ishii
Active nucleation site density

1989 Riznic and Ishii Flashing source term
1998 Wu et al. One-group model in pipe
2000a Hibiki and Ishii One-group model in pipe
2000b Hibiki and Ishii Two-group model in pipe
2001b Hibiki et al. One-group model in small-diameter pipeg p p p
2003a Fu and Ishii Two-group model in pipe
2003 Hibiki and Ishii Active nucleation site density
2004b Sun et al. Two-group model in confined channel
2005 Situ et al Bubble lift off diameter2005 Situ et al. Bubble lift-off diameter
2007 Park et al. Condensation sink term
2008 Situ et al. Bubble departure diameter
2008 Situ et al. Bubble departure frequency

Future work • Improvement of two-group model
• Improvement of bubble departure diameter model
• Improvement of bubble departure frequency model
• Development of bulk boiling source model

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University



Future Direction
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Implementation into CFD codeImplementation into CFD code
Future work • Implementation of interfacial area transport equation into CFD code

• Benchmarking CFD code against data showing fully 3-D behavior
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M d li f I t f i l F d T b l M d lModeling  of Interfacial Forces and Turbulence Models

• Lift Force Model • Zero-Equation Model

Interfacial Force Models Turbulence Models

• Tomiyama et al. (2002)
• Hibiki and Ishii (2007)

• Wall Lubrication Force Model

• Sato et al. (1981)  
• One-Equation Model 

• Kataoka and Serizawa (1995)  
• Antal et al. (1991)
• Tomiyama (1998)

• Turbulence Dispersion Force Model

( )
• Two-Equation Model

• Lopez de Bertodano et al. (1994)
Turbulence Dispersion Force Model

• Lahey et al. (1993)
• Burns et al. (2004)  
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ConclusionsConclusions

In relation to the modeling of the interfacial transfer terms in the two-
fluid model, the concept of the interfacial area transport equation has 
been proposed to develop a constitutive relation for the interfacial area 
concentration.  The changes in the two-phase flow structure can be g p
predicted mechanistically by introducing the interfacial area transport 
equation.
(1) The basic concept of the interfacial area transport equation and its(1) The basic concept of the interfacial area transport equation and its 

formulation have been briefly explained.
(2) Available models of interfacial area sink and source terms and 

existing databases have been reviewed.
(3) Newly obtained data for 8 X 8 rod bundle geometry has been 

presentedpresented.
(4) The interfacial area transport equation has been benchmarked

using adiabatic bubbly flow and condensation bubbly flow data. 
(5) Future direction for this research has been also suggested.

Thermal-Hydraulics and Reactor Safety Laboratory, School of Nuclear Engineering, Purdue University
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Main Topics

1. Approaches to fine-scale modeling 

2. Interface tracking methods

3. Phase field simulations

4. Level-set and ghost fluid

5. Boundary fitting DNS: physical insights 

6. Conclusions 
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Interface Resolving Methods
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Interface Tracking Approaches

1. Phase Field

2. Boundary fitting: low steepness waves

3. Implicit interface tracking:

4. Level set/ghost fluid

5. VOF/MARS 

6. Explicit tracking/Lagrangian
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Why a phase-field approach ?

� Diffuse interface approach facilitates 
numerical convergence

� Equations of motion for material rather 
than boundary

� Simulations to realistic length and time 
scales

� Simple – order parameter distinguishes 
between fluid material 
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Semi-Implicit Procedure (Majorization)

� Semi-implicit method using a majorization technique 
(example for Euler method):

� If                    the method is unconditionally stable. For the 
nonlinear term             in                                   we write

and let

� Result: we remove the fourth and second order time step 
restrictions!
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Model Structure
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Free Energy: Landau-Ginzburg Form

� Free energy A[C]:

� At equilibrium the functional A[C] will be a minimum with 
respect to variations of the function C:

� Surface tension , Interface thickness 

� is the homogeneous free energy (e.g. double well pot.)

� is the gradient free energy

[ ] ( ){ }21

2
A C C Cβψ α

Ω

= + ∇∫

( ) 2' 0
A

C C
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δµ βψ α
δ

= = − ∇ =
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2
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Double-well Potential and Interface 
Thickness



10

Falling Drop on Free Surface
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Rayleigh Taylor Instability
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Rayleigh Taylor Instability (Cont’d)
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Drop Coalescence
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Phase Separation: Density Mismatch

Critical (50/50)                            Not Critical (20/80)
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Self Assembled Nanostructure

IBM has trumpeted a nanotech 
method for making microchip 
components which it says 
should enable electronic devices 
to continue to get smaller and 
faster. Current techniques use light 
to help etch tiny circuitry on a chip, 
but IBM is now using molecules that 
assemble themselves into even 
smaller patterns.
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Phase Diagram/Structure
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Model Structure: Level Set
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Model Structure: Level Set
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The Level Set Approach

Forcing Φ to be a distance function 
(reinitialization)

The Level set equation
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Applications: Bubble Mergers
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Applications: Bubble Interface Interaction
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Ghost Fluid Method

Sharp treatment of interfacial changes 

N – local interface normal

T1/T2 – local interface tangents

P – pressure tensor

tau – viscous tress tensor

Sigma – surface tension

Kappa – local interface curvature

[.] denotes the local interface 
jump condition 
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2D Vertical Falling Liquid Films: 
Analysis of a Wave: Streamlines

Re= 69

We= 0.2785
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Wave Effects on Interfacial Scalar 
Transfer



25

Turbulent Film Flow (Vortices Scaled Up)
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Coherent Structures: Turbulent Film Flow
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Gas-driven Two-phase Flow
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Vortices in gas-driven flow
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Drop Vaporisation
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Film Boiling
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Temperture Contours
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Convergence on Mesh Refinement
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g Steam & water cocurrent or countercurrent
g Low steepness wave field (ak = 0.01-0.17, 

capillary/gravity ripples)
g Variable Pr/Sc, shear velocities u*, and 

subcooling/superheating

Condensation
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Comparison of RELAP5 predicted values for the interfacial heat transfer 
coefficient in subcooled boiling vs. McMasters University data

Scalar transfer: sheared 
interfaces
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Canonical Problem 

Physical Analog
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DNS Problem Schematic

Fractional time step taken in gas and liquid domains

Finer grid on liquid side for mass transfer calculations

Mass TransferMass Transfer

TTbulk,Lbulk,L

TTbulk,Gbulk,G

TTIntInt
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DNS method

• Pseudo-spectral DNS solver (Fourier-Fourier-Chebyshev).

• Uses mapping in the gravity direction (De Angelis, 1998).

• Based on a projection method.

• Grid resolution: typically 128X128X129 (each domain)

• Alternate solution of gas and liquid domains

• Fractional steps in each domain: interfacial stress from gas

• Interfacial velocity from liquid to gas    
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Non-Orthogonal Mapping

The equations are expressed in new coordinate 
system.
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Boundary Fitting Method
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Interfacial Motion
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Interfacial heat transfer
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Gas Side Heat Flux vs. Shear Stress
(DeAngelis et al 1997, DeAngelis 1998, DeAngelis et al 2000)

Heat Flux

Shear Stress
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Liquid Side Heat Flux vs. Shear Stress
(DeAngelis et al 1997, DeAngelis 1998, DeAngelis et al 2000)

Heat Flux

Shear Stress
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Shear stress distribution by quadrant: gas & liquid sides
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Surface  Renewal Prediction
(Banerjee 1990, DeAngelis et al 1997, DeAngelis 1998, DeAngelis et al 2000)

� Experiment (Rashidi and Banerjee Phys. Fluids A2 1827 (1990)) + DNS 
(Lombardi, De Angelis and Banerjee Phys. Of Fluids 8 1643 (1996)) suggest:

� Time between burst

� Lines between ejections and sweeps:

� From surface renewal theory:

� Liquid side: mobile boundary

D ~ molecular diffusivity;    ~ time between renewals.

� Liquid side:

� Gas side:

35~

2

*

ν
uT

t
E

E
=+

L
iiL

iL

LL

u
u
ScK ρτ=*

*

5.0

; 0.11  ~  DNS  ; 0.15    to0.1~

90~

2

*

ν
uT

t
B

B
=+

tK RL
D=

G
iiG

iG

GG

u
u
ScK ρτ=*

*

3/1

 ;  0.075  ~  DNS  ; 0.09    to0.07~

t R



46

Prediction versus experiment
(DeAngelis et al 1997, DeAngelis 1998, DeAngelis et al 2000)

Comparison with the data by 
Wanninkhof and Bliven 
(1994). The outlying points 
are large amplitude waves 
that were breaking.

Comparison of Eq. 1 with 
wind-wave tank gas transfer 
data from (Ocampo-Torres et 
al.) Assuming Sc  =660.

Comparison of Eq. 2 for 
moisture flux coefficient with 
data from Ocampo-Torres et 
al. (1994)
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Bubble column mass transfer
(Cockx et al 1995)
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DNS vs. model  
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Conclusions

� Interface capturing models provide a 
framework that can elucidate many 
supergird features of two-phase flow 
structures.

� Fine-scale modeling such as DNS can clarify 
closure relationships, e.g. for condensation.

� Implicit interface capturing on an Eulerian
grid using GFM or phase field is attractive 
and perhaps can be combined with LBM for 
bulk fluid computations in future for 
parralelization.
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EXPERIMENTAL TECHNIQUES FOR HEAVY LIQUID METALS 
 

Thomas Schulenberg and Robert Stieglitz 
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Abstract 

This paper summarizes the most interesting measurement systems which were tested in the 
PbBi loops of the KALLA laboratory in Karlsruhe with the last 5 years. There are several 
experimental techniques which were well proven in air and water and thus could be transferred 
similarly to liquid metals: These techniques are split into measuring local quantities as temperature, 
pressure e.g. by means of pressure taps or velocities using Pitot and Prandtl tubes or the Ultra-Sound-
Velocimetry (UDV) for local flow velocities, as well as global states like flow rate utilizing nozzles, 
orifices or turbines. Unfortunately, as liquid metals are opaque, an optical access is not given. Instead, 
one can take advantage of the high electric conductivity of liquid metals to measure integral and local 
quantities, like electromagnetic flow meters and miniaturized permanent magnetic probes for local 
velocity measurements.  

This article describes some of the techniques used in the KALLA for different liquid metals, 
explains the measurement principle and shows some of the results obtained using these techniques. 
Additionally a few words are spent with respect to the measurement errors to be expected and some 
hints for a correct placement of the individual sensor in the liquid metal environment.  

Introduction 

The thermo-physical properties of liquid metals with low melting and high boiling 
temperatures, like the alkali metals with small atomic weight and heavy liquid metals like lead or its 
alloys, makes them attractive as coolant candidates in advanced nuclear fusion and fission systems. 
The fast neutron spectrum and the high neutron yield of the spallation reaction enable simple and 
robust flow structures with high energy densities. Thus, liquid metals are favourized for the 
development of neutron spallation sources, for fusion blankets, and as core coolant of fast reactors as 
well as for heavy ion fragmentation. However, the practical use of liquid metals still needs to be 
demonstrated by experiments and by numerical predictions. 

The validation of numerical predictions for nuclear systems using lead or eutectic lead-
bismuth alloys requires measurement technologies especially adapted to them. Besides the relatively 
high density, corrosivity and opaqueness of these liquids, the sensors being in contact with them are 
facing elevated temperatures in the range from 200°C to 550°C or even more. Although in the past 
decades a lot of progress has been achieved in developing liquid metal adapted measurement devices 
in the context of sodium operated fast breeder reactors, only part of the knowledge can be transferred 
to lead or lead alloy cooled systems because of its specific properties. 

Fluid mechanical measurement devices are divided in principle into two classes of systems. 
One is the measurement of integral quantities, which are mostly scalars like the flow rate, the pressure 
in the system or the mean temperatures. Such devices are needed to control the nuclear facility or the 
experimental loop and to define inlet and outlet conditions. The other class is formed by measurement 
of local quantities like the velocity distribution, temperature profiles or the surface structure and shape, 
which is necessary to capture effects predicted by computational fluid dynamics (CFD). The detection 
of these particular effects in benchmark problems allows the development of new physical models and 
the validation of CFD simulations. Regarding the physical principles, the border between the two 
classes is not sharply defined. For instance by miniaturisation of pressure measurement devices, the 
Pitot or Prandtl tube can be scaled down to detect local flow velocities. 

Many physical principles can be used to determine the flow rate of fluids in pipes, but the 
physical and chemical properties of lead bismuth exclude some of them right from the beginning. The 
opaqueness, which is common to all liquid metals, disables all optical methods. The electric 
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conductivity, on the other hand, opens access to other measurement systems which can hardly be used 
for ordinary liquids. The following sections describe the physical principles of some methods tested in 
the KArlsruhe Liquid Metal Laboratory (KALLA) for which a detailed description may be taken from 
Schulenberg et al. (2007). KALLA consists of several stagnant and loop experiments using different 
liquid metals and enables to study flow in complex geometries, to develop measurement techniques 
for local and global quantities, to assess the materials compatibility in different conditions and to 
generate basic physico-chemical data as for instance the wetting capability of the liquid metals, 
oxygen solubility and others. A general overview and detailed descriptions of these and other 
measurement systems for heavy liquid metals have recently been summarized by Stieglitz (2007) in 
the liquid metal handbook. 

Flow rate  

In contrast to conventional fluids, for which momentum change or pressure difference based 
methods are usually applied in form of turbines, orifices, nozzles or gyrostatic flow meters, the liquid 
metals offer the capability to take advantage of the large specific electric conductivity. These electro-
magnetic flow meters can be operated in two modes; one using a permanent magnetic field, a so-called 
DC flow meter, and the other one utilizing an alternating magnetic field, which is later referred to as 
an AC flow meter. 

DC electromagnetic flow meter 

The permanent magnet flow meters (PMF) are mostly used if the installation volume is rather 
small, where low flow rates have to be resolved or only a small pressure drop is allowed. According to 
Faraday’s law, an electrically conducting fluid flowing perpendicular to a magnetic field induces an 
electric field. The strength of this electric field is proportional to the flow velocity and can be 
measured with diametrically opposed electrodes on the pipe walls perpendicular to flow direction and 
magnetic field B, as sketched in figure 1. 

 
Fig. 1: (a.) Sketch of the DC electromagnetic flow meter, (b) magnetic field distribution in a PMF 

with a conventional permanent magnet and (c) typical PMF signal ΔΦ in [mV] as a function of 
the flow rate measured in a Pb45Bi55 flow at T=300°C in the THEYS loop of KALLA. 

 

For an axially symmetric flow profile and an infinite, homogenous magnetic field, the 
measured electrode voltage ΔΦ depends on the mean velocity um, on the mean magnetic field strength 
B and the pipe diameter d as 

 Bdcum=ΔΦ  (1) 

where c is to the first order a constant mainly depending on the ratio of the specific electric 
conductivities of the wall (σW) compared to that of the fluid (σf) and thus temperature dependent. 
Usually, c is determined experimentally, but great care has to be taken that isothermal conditions are 
present during calibration, see e.g. Elrod and Fouse (1952). A general problem of the PMF is the 
influence of the boundary conditions changing during operation, which requires a regular re-
calibration. In particular, the non-definite wetting behaviour of heavy liquid metals such as gallium or 
lead and lead alloys to the electrically conducting structure material can lead to incorrect readings even 
during a single day. Although the pressure drop in the piping may integrally indicate a mechanical 
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contact of the fluid to the wall, an electric contact resistance may still resist at this interface. Due to 
this contact resistance, part of the current induced in the fluid by the magnetic field B may short-circuit 
within the fluid and does not enter the walls generating the potential difference ΔΦ. This effect is of 
crucial importance if σW/σf is of O(1) as for the heavy liquid metals (HLM) like Pb, PbBi, Hg, Ga or 
the corresponding alloys using steel pipes. Usually the PMF´s utilize permanent magnets which are 
submerged to an aging process and which exhibit a non homogenous B-field distribution as displayed 
in figure 1b. Via regular re-calibration processes or appropriate computational measures a correct 
reading can be attained. More details may be taken from Shercliff (1987).  

AC electromagnetic flow meter 

An alternative method is the electromagnetic frequency flow meter (EMFM) which is 
independent of magnetic field effects or wetting issues. The general measurement principle of such an 
induction flow meter is that the motion of an electrically conducting fluid in an imposed field B 
produces an induced field B’ which is proportional to the flow rate in the first order. The attained 
signal is proportional to the fluid conductivity σf and the mean velocity v0. One major advantage of the 
EMFM flow meter is that no transducer is required which allows a large temporal resolution. 
Moreover, no direct contact of the sensor with the operation fluid is necessary for data acquisition, 
avoiding material compatibility issues.  

The earliest proposal for an AC electromagnetic flow meter has been made by Lehde and Lang 
(1948), which is illustrated in figure 2a. The two coils A and C are supplied with alternating electric 
currents j(t) in opposite direction, producing an AC magnetic field as illustrated in figure 2a at the 
bottom. In the absence of a fluid motion, the resulting magnetic field is symmetrical and in the ideal 
case no signal in the sensing coil B according to the induction equation is induced. As soon as flow 
occurs, the magnetic field lines are dragged downstream and a signal appears in coil B, which is 
proportional to the flow rate to the leading order. However, great care is necessary to assure that there 
is no output signal in case of zero flow and in practice it is hardly feasible to produce a geometrically 
exact symmetric arrangement. Thus, a precise fabrication is required otherwise the genuine signal, 
which is often quite small, will be lost among stray signals. 
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Fig. 2: (a) Measurement principle of the AC electromagnetic flow meter. (b) typical acquired RMS 

values (ΔΦRMS) and phase angles (Δϕ) of the EMFM flow meter as a function of the flow rate 
Q in a tube (d=60mm) for a Pb45Bi55 flow at 300°C and an excitation frequency of 500Hz. 
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The flow direction can be detected by the sign of the RMS value of the sensing coil B. The 
magnitude of the RMS value in the sensing coil is proportional to the magnetic Reynolds number of 
the fluid flow Rem, where Rem is calculated according to 

( ) duTRe fm 00 σμ= . (2) 

Here, μ0 is the magnetic permeability of vacuum, given as 4π 10–7 As/(Vm), σf the specific electric 
conductivity of the fluid as a function of the temperature T, u0  the mean flow velocity within the duct 
and d its diameter. If the temperature remains constant, the measured RMS value of ΔΦ is proportional 
to the mean fluid velocity u0. 

A typical complication is caused by phase shifts due to eddy currents in nearby solid and fluid 
conductors, because of the generation of harmonics through the non-linearity of the material or 
because of capacitive pick-up. Another source of trouble can be resonance or beats when the flow 
contains slight periodic fluctuations due, for instance, the use of electromagnetic or mechanical pumps 
running at or near synchronous speed. A technically feasible solution to minimise pick-up effects is a 
complete enclosure of the AC electromagnetic flow meter device by means of a ferromagnetic foil. 
This foil has to be grounded through the liquid flow far away from any eddy currents. 

Nevertheless, the capacity and thus the future prospects of the EMFM are significantly larger 
than those of the PMF, since it has three gross output signals, one for the direction and two for the 
flow rate, because not only the RMS value (ΔΦRMS) but also the phase shift angle Δϕ is proportional to 
the flow rate Q. This is illustrated in figure 2b and allows an in situ self-calibration of the device and 
also the calibration using a different liquid metal.  

Local flow velocity 

Pitot and Prandtl tubes 

The measurement principle of Pitot and Prandtl tubes is well known from ordinary liquids or 
gases. Thus only some remarks on the operational experience with liquid metals are made here. These 
devices can be used either to measure the integral flow rate through an experimental loop or, via 
miniaturisation of the sensors, local velocities and pressures can be resolved. Moreover, if 
thermocouples are embedded, local temperatures can be measured simultaneously. The resolution is 
given by the resolution of the used pressure gauges.  

In the Pb45Bi55 operated THESYS loop of KALLA, a velocity distribution measurement within 
a tube has been conducted using a miniaturized Pitot tube, see cf. fig 3a. The achieved accuracy was 
about 5 mm/s, corresponding to a pressure resolution of the pressure transducer of approximately 12.5 
Pascal. Higher resolutions may be obtained by more sensitive sensors. A typical turbulent velocity 
profile and the corresponding temperature profile which has been measured by means of a combined 
Pitot tube with two thermocouples in a circular tube at a temperature of 300°C with a Pitot tube is 
depicted in figure 3b. 
(a)     (b) 

  
Fig. 3: a.) Miniaturized Pitot tube combined with thermo-couples. b.) Measured velocity and 

temperature distribution in a duct (d=60mm) in Pb45Bi55 utilizing the Pitot tube from a). 
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The smallest spatial dimension over which the velocity is integrated is given by the size of the 
orifice of the Pitot tube. As the surface tension of heavy liquid metals like lead or lead-bismuth is quite 
large (in the order of some 100mN/m), the pressure difference required to fill the tubes orifices 
increases significantly with the degree of miniaturisation. A reliably operating Pitot tube system is 
only obtained for a gas free tube. Thus, drain tubs are required to ensure a complete filling of the 
sensor. Due to the large Reynolds numbers (Re) appearing in heavy liquid metal flows, the boundary 
layers appearing there are relatively thin. Thus, they are only resolvable with Pitot tubes near their 
outer region towards the main flow. An experimental example of the flow field measurement using a 
Pitot tube near a heated rod in an annular cavity is shown in figure 4. In order to acquire the flow 
distribution within the boundary layer, non-intrusive methods shall be preferred as the ultrasound 
Doppler velocimetry (UDV).  

In order to obtain accurate mean velocity profiles using a Pitot tube, many corrections are 
needed to account for the effects of viscosity, turbulence, velocity gradients and the presence of a wall. 
Recent measurements by Zagarola and Smits (1998) in a turbulent pipe flow in a Reynolds number 
regime from 3.1.103<Re<3.5.107

 have raised questions regarding the accuracy and applicability of the 
current correction methods, which are summarised in the work of Perry et al. (2001). In pipe flows 
with Reynolds numbers around 105 to 106, which easily appear in heavy liquid metal applications, 
there is a difference of greater than 5% in the slope of the logarithmic region between data with and 
without wall correction (McKeon et al., 2003). A detailed summary of wall corrections is given by 
Stieglitz (2007). 

 
Fig. 4: Set-up of the Pitot tube in an annular cavity near a heated rod (left). Measured velocity 

distributions in an annular cavity of a PbBi-flow as a function of the radius r for different Re 
(right).  

Permanent magnetic probes (PMP) 

Another method to measure local fluid velocities within an electrically conducting fluid is 
given by permanent magnetic probes (PMP). The PMP contains a miniaturised permanent magnet 
arranged perpendicularly to the main flow. The magnet is encapsulated within a steel tube. This probe 
allows to measure simultaneously velocities and the temperatures similar to the combined Pitot tube. 
The turbulent heat fluxes can be determined from the cross-correlation of both signals, i.e. from 
temperature and velocity fluctuations. The principle set-up is shown in figure 5. 

The PMP probe signal is obtained as a low ohmic electric potential ΔΦ arising from the 
interaction of the flow field u with the magnetic field B. The simplified Ohm’s law for moving electric 
conductors and temporal steady magnetic fields reads to  

( )BuEEj thef ×++= σ  (3) 

where j is the current density, σf the specific electric conductivity of the fluid, Ee the electro-static field, 
Eth the thermo-electric field, u the integrated velocity of the probe dimension and B the magnetic 
induction. Generally, there are two main disturbances affecting the induced electric potential.  
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Fig. 5.: Photograph of a Permanent magnetic probe PMP from Kapulla (2000), left, and location of the 

different thermo-couples in the permanent magnetic probe PMP, right. 

Using the Maxwell equations and the simplified Ohm’s law, one obtains 

( )BTQTSEth ×∇−∇−=  (4) 

in which S is the thermo-electric coefficient in V/°K and Q the Nernst-Ettinghausen coefficient in 
V/(°K.Tesla). Thus, in order to calibrate the probe, isothermal measurements are required in a flow 
with a defined velocity field. A detailed description of this procedure may be taken from Ricou and 
Vives (1982), Weissenfluh (1986) and Kapulla (2000). The calibration yields the specific Seebeck 
coefficient of the individual probe. Additional care has to be taken if external magnetic fields are 
present in the domain of interest as, e.g. near to electromagnetic pumps or close to DC electro-
magnetic flow meters. Then, an even more complicated effort has to be spent in order to determine the 
coefficients of the probe. The methodology necessary in this case is exhaustively elaborated in the 
work of Ricou & Vives (1982) and more precisely by Müller et al. (2006). 

In the absence of external magnetic fields, the PMP probe allows to detect liquid metal 
velocities in the range from 0-10m/s with an extremely high sensitivity of about 1mm/s as the 
experimental works of Horanyi and Krebs (1988), Knebel and Krebs (1994), Ricou and Vives (1982) 
and Weissenfluh and Sigg (1988) document. The sensitivity and the velocity range are not restricted 
and scope several decades, which is not possible with other techniques. Generally, this technique is 
applicable up to temperatures of 720°C as the paper by Ricou and Vives (1982) shows with 
measurements in mercury, aluminium, tin, zinc and some alkali metals. The upper limit of the 
temperature is given by the Curie temperature of the magnet, which is e.g. for nickel-based permanent 
magnets about 860°C, see e.g. Eringen (1980). 

Due to responses that are fast and proportional to the velocity of the liquid metal flow, high 
temporal resolutions can be obtained which is necessary for the study of turbulent flows. Although it is 
an intrusive method, modern fabrication technologies allow to miniaturise the PMP probe down to 
diameters less than 2 to 3 millimetres, and thus to minimise the impact of the probe on the flow. 

One of the most crucial problems of the PMP is the wetting behaviour in the sense of an 
electro-chemical wetting without any contact resistance between fluid and probe. Regarding the alkali 
metals, this is not a problem. However, lead and its alloys show a poor electro-chemical wetting 
behaviour of steel surfaces. Therefore, the PMP has been plated with nickel or silver as a sacrificial 
layer, which is dissolved immediately by the lead bismuth in order to ensure a proper wetting of the 
sensor. Nevertheless, after two weeks exposure of the probe to lead bismuth at 400°C, the wetting got 
lost even in an oxygen controlled atmosphere. Also within a reducing atmosphere by adding hydrogen 
to the loop, the wetting of the probe could not be recovered again, see Knebel et al. (2001). This 
wetting problem is an issue not yet fully understood. It requires a detailed investigation in order to 
develop HLM adapted sensors. 
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Ultrasound Doppler velocimetry 

A non-intrusive method to measure instantaneously entire velocity profiles is offered by the 
ultrasound Doppler velocimetry (UDV). The UDV technique is based on sending ultrasound pulses 
into the liquid with seed particles. The echoes from particles immersed in the fluid are sampled. The 
position of particles is derived from the time delay of this echo, whereas the related velocity 
information is obtained from the shift in position of scatters between ultrasound pulses. Hence, the 
velocity information is yielded from a time correlation function. One of the major advantages of UDV 
is that it is a non-intrusive method, with which the velocity is scanned not only at a single position like 
in a laser Doppler anemometer. It rather samples velocity information instantaneously at several 
positions along the ultrasound wave path. The operation principle is shortly explained and sketched in 
figure 6. 

 
Fig. 6: Measurement principle of the Ultrasound Doppler velocimeter (top) and acquisition path 

(below). Reconstruction of the velocity profiles from the recorded echoes (lower two graphs). 

 

The distance P of the measurement volume from the pulse emitter is given by relation (5) 

2
tcP d=  , (5) 
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in which c is the sound speed and td the time delay of the pulse. The spatial shift ΔP of the position 
between two pulses applying a pulse repetition time tprf  is given by equation (6): 

( ) ( )
2

ttccostzuP 12
prf

−
== θΔ   , (6) 

where θ is the angle between the wave path and the velocity component of interest. The time 
difference (t2-t1) is recorded by means of the phase shift of the echoed signals.  

From this, the velocity u(z) at a discrete co-ordinate z can be evaluated by relation (7) 

( )
θcosf2

fczu
e

d=  (7) 

in which fd represents the Doppler shift and fe the frequency of the emitted signal. One can determine 
easily from these equations that an upper limit of the maximum measurable velocity and the maximum 
measurement depth exists. This constraint is expressed by the relations 8a and 8b, which read to: 

θcosft4
cu
eprf

Max =  ; 
2
tc

y prf
Max =  (8a, b) 

Another feature of the UDV technique is the capability to record even deep within the 
boundary layer velocities. Utilizing an adapted form of the UDV, Lefhalm (2004) has been able to 
measure velocities only a few μm away from the wall. For this purpose, wall correction functions have 
to be applied which account for the fact that part of the measurement volume is located within the wall. 
In order to get the correct velocity contribution from the fluid domain, only echoes from the fluid 
region shall be sensed. Therefore, the mass centre of the fluid/wall volume is calculated. The distance 
of the mass centre of the fluid/wall volume from the mass centre of the pure fluid volume yields a 
displacement of the measured point. A detailed description of this procedure may be taken from 
Wunderlich et al. (2000), Nowak (2002) or Lefhalm (2004). 

 The measurements of the velocity profiles within the turbulent boundary layer of an annular 
duct conducted by Lefhalm (2004) are shown in figure 7. They illustrate that the velocity can be 
acquired by means of such correction functions. The measured velocities coincide almost perfectly 
with the literature data of Reichhardt (1951). The deviations found are less than 5%. Moreover, it was 
possible to measure even inside the viscous sub-layer up to values of y+=3, which corresponds to a 
wall distance of 46 μm in the experimental set-up of Lefhalm (2004). Also, measurements of the 
turbulent fluctuations could be performed within the boundary layer down to y+>10 using this wall 
correction procedure as figure 7 (right) illustrates. They almost coincide within literature data. 

 
Fig. 7: Measured dimensionless boundary layer velocity distribution as a function of the 

dimensionless wall distance y+ in comparison with literature data using an Ultrasound Doppler 
velocimeter in a turbulent PbBi flow at 300°C (left); measured dimensionless velocity 
fluctuations as a function of y+ in the set-up of Lefhalm (2004), right. 
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From the procedure explained above it is clear that numerous effects contribute to the 
acquisition of a proper signal and in fact about 100 parameters are necessary to define the 
measurement process. 

The enormous sound speed of HLM´s requires extremely fast acquisition and data processing 
systems to obtain reliable velocity information. Besides these quite sophisticated demands on the data 
transmission recording and processing units, which are depicted in figure 8, left, several constraints 
regarding the environmental conditions have to be matched. One of the most crucial problems is the 
elevated temperature of more than 200°C, which cannot be sustained by commercially available 
Bariumtitanat sensors (BaTiO3). Thus, wave guides have been developed to decouple the temperature 
from the sensor. Such an integrated probe consisting of a wave guide and a sensor is shown in 
photograph figure 8 (right). It has been developed by the Forschungszentrum Rossendorf and is 
applicable to operate in liquid metal temperatures up to 620°C, see Eckert et al. (2003). Secondly, an 
acoustic coupling of the sensor and the fluid has to be ensured which means that the probe has to be 
physically wetted. This is partially achieved by applying a sacrificial nickel layer on the probe surface 
before inserting it into the fluid. Within the lead-bismuth, this nickel layer is dissolved and ensures the 
wetting of the surface for a certain time. However, the wetting of the sensor surface gets lost after a 
few days of operation. The study of the wetting behaviour of lead bismuth on steel surfaces is a task 
which has to be solved not only for this application.  

Another problem is the long term stability of the probe and the flow seeding. By means of 
conditioning the oxygen content within fluid, a certain long term stability of the probe was achieved 
and a sampling of velocity profiles was successfully performed without any additional artificial flow 
seeding. Artificial flow seeding with particles of a density like the lead-bismuth is hardly available and 
stable within the operational conditions typically used. If temperature gradients are present in the flow 
being studied, travelling time corrections have to be applied, because the sound speed depends on the 
square root of the temperature. Thus, either the temperature field of the studied flow has to be known 
or temperature correlations have to be used. Besides the numerous difficulties using UDV within the 
THESYS loop in KALLA, velocity measurements have been successfully performed in a turbulent 
lead bismuth pipe flow at temperatures up to 400°C and velocity fluctuations of frequencies up to 15 
Hz were recorded. 

   
Fig. 8: Data acquisition system of the Ultrasound Doppler velocimeter (left); Sensors with wave 

guides of an Ultrasound Doppler velocimeter (right). 
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Summary 

 The hot and corrosive environment especially of heavy liquid metals requires dedicated 
systems to measure temperatures, pressures and velocities. On the other hand, the high electric 
conductivity permits to use electro-magnetic systems which are not applicable with ordinary liquids, 
giving access to a further class of measuring devices. All systems shown here have been tested 
successfully in the KALLA laboratory within the last 5 years. We could resolve local velocities with 
probes and with non-invasive systems in the bulk as well as in the boundary layers of the flow down to 
a dimensionless wall distance of y+=3. Turbulent velocity fluctuations could be resolved up to a 
frequency of 15 Hz and with a smallest wall distance of y+=10. The Ultrasound Doppler velocimeter 
gave the highest resolution of boundary layers after suitable wall corrections. Combined turbulent 
velocity and temperature fluctuations as appearing in the turbulent heat flux could be measured with a 
permanent magnetic probe with thermocouples which can be miniaturized down to about 2 or 3mm. 
Proper wetting of these probes, however, is still an open issue. The most robust local velocity, pressure 
and temperature measurement device is the Pitot tube. It may be combined with thermo-couples to 
optimize its features.  

Integral flow meters, on the other hand, are more reliable today, reaching an accuracy of 
around 1% after calibration. Especially the electro-magnetic frequency flow meter shows a quite large 
potential for electrically conducting fluids since it owns two gross output signals and does not require 
a direct contact of the sensor with the liquid. 
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Background 

 

In May 2002, an “Exploratory Meeting of Experts to Define an Action Plan on the 
Application of Computational Fluid Dynamics (CFD) Codes to Nuclear Reactor 
Safety Problems” was held at Aix-en-Provence, France.  One of three 
recommended actions was the formation of this writing group to report on the 
need for guidelines for use of CFD in single phase Nuclear Reactor Safety (NRS) 
applications.  

An initial needs study was performed between March 2003 and September 2004 
resulting in a summary of existing guidelines, and a recommendation to the write 
NRS specific guidelines.  See: 

Mahaffy, J.H., P. Dietrich, F. Ducros, M. Henrikson, P. Fantoni,  T. Morii, P. 
Muhlbauer, M. Scheuerer, B.L. Smith,  and T. Watanabe, “Guidelines for the 
use of CFD in Nuclear Reactor Safety Applications,” OECD Nuclear Energy 
Agency Report NEA/SEN/SIN/AMA(2005)2 (January 2005) 
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Writing Group 1 
Best Practice Guidelines 

 

• CAPS Objectives: 

“This activity will produce a set of best practice guidelines for application 
of single phase Computational Fluid Dynamics (CFD to Nuclear Reactor 
Safety (NRS) applications.” 

• Writing Activities began in January 2005, first working draft was produced in 
August 2005, and a draft was provided for GAMA review and comments in 
August 2006 

• Lead Organization:  U.S. Nuclear Regulatory Commission 

• Participants: 

Czech Republic (NRI), France (CEA, IRSN), Germany (GRS, FZR), Italy 
(U. of Pisa), Japan (JNES, JAEA), Korea (KAERI), Netherlands (NRG), 
Sweden (Vattenfall), Switzerland (PSI), US (NRC) 
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The Resulting CSNI Report 
 

Mahaffy, J.H., B. Chung,  F. Dubois, F. Ducros, E. Graffard, M. Heitsch, M. 
Henriksson, E. Komen, F. Moretti,  T. Morii, P. Mühlbauer, U. Rohde, M. 
Scheuerer, B. L. Smith, C. Song, T. Watanabe, G. Zigh, “Best Practice 
Guidelines for the use of CFD in Nuclear Reactor Safety Applications,” OECD 
Nuclear Energy Agency, CSNI Report NEA/CSNI/R(2007)5 (May 2007) 
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Specific Document Objectives 

 

• Outline the key steps and considerations in the production of a high quality 
CFD simulation.  However, we assume existence of sufficient theoretical 
background in fluid dynamics, and only introduce discussion in this area 
where it directly contributes to the choice of simulation code or user option 
for a specific simulation code. 

• Provide references to existing CFD simulations for NRS problems. 

• Provide an internally complete set of guidelines for a range of single phase 
applications of CFD to NRS problems. 

• Provide direct guidance on the key considerations in known single phase 
applications, and general directions for resolving remaining details. 

• Serve as a template for future application specific BPG Documents (e.g. 
PTS, induced break) that will provide much more detailed information and 
examples. 
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Document Contents 

1. Introduction 

2. Terminology 

3. Problem Definition 

4. Selection of Appropriate Simulation Tool 

5. User Selection of Physical Models 

6. User Control of the Numerical Model 

7. Assessment Strategy 

8. Verification of the Calculation and Numerical Model 

9. Validation of Results 

10. Documentation of Results 

11. Special Consideration of Specific NRS Cases 

12. Summary 

Annex:  Checklist for a Calculation 
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Problem Definition 

• Isolation of the Problem 

Selection of the region of interest for CFD, and use of a systems code for 
CFD boundary conditions 

• PIRT 

This provides an outline of the process developed by the U.S. NRC to 
identify and rank significant phenomena in a system transient scenario.  
The process also reviews appropriateness of proposed simulation tools, 
and suggests an experimental basis for validation of results. 

• Special Phenomena 

This section discusses special considerations for attacking problems in: 
containment wall condensation; pipe wall erosion; thermal cycling; 
hydrogen explosion; fire analysis; water hammer; liquid metal systems; 
and natural convection. 
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Selection of an Appropriate Simulation Tool 

 

This section reviews capabilities of the full range of available simulation tools. 

• Classic Thermal-Hydraulic System Codes 

• Component Codes  

• CFD Codes 

• Potential Complementary Approaches (e.g. coupling CFD to a TH systems 
code) 
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User Selection of Physical Models 

 

• Guidelines for turbulence modeling in NRS applications 

o Selection between RANS, U-RANS, LES, DES, DNS 

• Buoyancy Model 

• Heat Transfer 

• Free Surface Modeling 

• Fluid-Structure Interaction 
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User Control of the Numerical Model 

• Transient or Steady Model 

o Note that LES, DES, and DNS are fundamentally transient models. 

• Grid Requirements 

o Choice of geometry and grid 

o Quality of grid 

• Discretization Schemes 

• Convergence Control  

o Convergence to solution of the model PDEs 

o Convergence to solution of non-linear discrete equations 

• Free Surface Considerations 

o Use of boundary conditions, VOF, and Level Sets 
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Assessment Strategy 

 

• A brief chapter is provided outlining a general strategy for assessment of the 
CFD simulation 

• Application of Verification and Validation is introduced here and discussed in 
more detail in the following two chapters 

• Demonstration of Capabilities 

• Interpretation of Results 

o Qualitative comparison of results 

o Quantitative comparison of target variables 

o Inclusion of simulation and experimental uncertainties. 
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Verification of the Calculation and Numerical Model 

 

• Error Hierarchy and choice of target variables 

• Round-off Errors 

• Iteration Errors 

• Spatial Discretization Errors 

o Use of Richardson Extrapolation analysis 

• Time Discretization Errors 

• Software and User Errors, Application of QA principles 
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Validation of Results 

 

• Validation Methodology 

o Tiered Approach 

o Validation Experiments 

• Target Variables and Metrics 

• Treatment of Uncertainties 

o Experimental Uncertainties 

o Uncertainty in the Simulation Results 
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Special Consideration of Specific NRS Cases 
 

This section discusses some specific CFD analyses of important safety 
problems.  The examples provide an overview of the work and application 
specific considerations but are not intended to provide detailed guidelines for the 
applications.  

• Boron Dilution – ROCOM facility 

• Pressurized Thermal Shock - UPTF 

• Spent Fuel Dry Storage Cask – VSC-17 Cask Experiments 

• Hydrogen Mitigation in Containment – PAKS VVER-440 Containment 
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Checklist for a Calculation 

 

Because of the length of the document, we have provided a very brief Annex 
listing key considerations when performing CFD analysis.  Where appropriate, 
references are given to sections in the body of the document.  Areas covered 
are: 

• Initial Preparation 

• Geometry Generation 

• Selection of Physical Models 

• Grid Generation 

• Numerical Methods 

• Verification 

• Validation 



XCFD4NRS, Sept 10, 2008         16 

Future BPG Revisions and Extensions 

 

• We have received useful comments on the document since its publication.  A 
process is now being developed to convert this to a living document, 
maintained as a Wiki on the NEA web site. 

• Single phase CFD is mature to the extent that it now runs relatively robustly, 
and contains a good range of options for modeling turbulence and flow 
through complex geometries.  However, CFD applications still push the limits 
of computational resources.  As computer speed and memory capacity 
continues to expand, we can expect adaptation of more detailed modeling 
approaches and corresponding shifts in general guidelines. 

• As indicated in our original survey of the need for Best Practice Guidelines 
(NEA/SEN/SIN/AMA(2005)2), the general BPG document needs to be 
supplemented by application specific BPGs (e.g.  BPG for analysis of PTS).  
Generation of these specific documents could be done in association with 
International Standard Problems. 

• Guidelines (both general and application specific) will also be needed for 
two-phase CFD. 



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 1

Assessment of CFD for NRS

OECD/NEA and IAEA Workshop

Experiments and CFD Code Applications to Nuclear Reactor Safety

XCFD4NRS

B. L. Smith
Paul Scherrer Institute

Switzerland

Hosted by Commissariat à l’Energie Atomique (CEA), 

Grenoble, France 

10 - 12 September 2008



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 2

Initiative
OECD/NEA -- IAEA Sponsored Meeting:

Exploratory Meeting of Experts to Define an Action Plan on the Application of Computational Fluid Dynamics (CFD) 
Codes to Nuclear Reactor Safety Problems 
Aix-en-Provence, France, 15-16 May, 2002.      Document: NEA/SEN/SIN/AMA(2002)15.

Action Plan: Set Up 3 Writing Groups under the sponsorship of OECD/NEA 

WG1: Chairman J. H. Mahaffy (PSU) 
Provide a set of guidelines for the application of CFD to NRS problems 

(Concluded: December 2006)

WG2: Chairman B. L. Smith (PSI) 
Evaluate the existing CFD assessment basis, and identify gaps that need to be filled 

(Concluded: December 2007) 

WG3: Chairman D. Bestion (CEA) 
Summarise the extensions needed to CFD codes for two-phase NRS problems

(To be concluded: December 2008)

CSNI Activity Proposal Sheet (CAPS) for WG2
GAMA(2002)8, Revision 0 (October 2002)

History

CSNI: 
Committee on the Safety of Nuclear Installations
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WG2 Expert Group (Original and Subsequent Members)
U. Bieder (CEA), P. Dietrich (IRSN), F. Dubois (IRSN), F. Ducros (CEA), P. Fantoni (Halden), 
E. Graffard (IRSN), C. Heib (IRSN), M. Henriksson (Vattenfall), T. Höhne (FZR), E. Komen (NRG) 
F. Moretti (UPisa), J. Mahaffy (PSU), M. Heitsch (GRS), T. Morii (JNES), P. Mühlbauer (NRI), 
M. Scheuerer (GRS), C.-H. Song (KAERI), T. Watanabe (JAERI), G. Zigh (USNRC) 

NEA Secretariat
J. Royen (2003-2004), Y.-H. Ryu (2004-2006), H.-C. Kim (2006-2007), A. Amri (2008-present)

Meetings (NEA or OECD Headquarters, Paris)
26-27 Mar. 2003    NEA/SEN/SIN/AMA(2003)13;          9 Sept. 2003  NEA/SEN/SIN/AMA(2003)28
9 March 2004        NEA/SEN/SIN/AMA(2004)9;           29 June 2004    NEA/SEN/SIN/AMA(2004)15
8 Mar. 2005           NEA/SEN/SIN/AMA(2005)10;         13 Sept. 2005   NEA/SEN/SIN/AMA(2005)20
7 Mar. 2006           NEA/SEN/SIN/AMA(2006)10;           8 Sept. 2006   NEA/SEN/SIN/AMA(2006)15
10 May 2007         NEA/SEN/SIN/AMA(2007)7 

Final Document
Assessment of CFD Codes for Nuclear Reactor Safety Problems     NEA/CSNI/R(2007)13 (180 pages)

History
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Main Tasks of WG2

● To review critically those NRS problems for which the use of CFD is needed for the analysis, 
or where its utilisation is expected to result in major benefits

● To review critically the existing assessment basis for CFD application to NRS

● To identify the gaps in the technology and assessment bases

● To propose a methodology for establishing new assessment bases

At the end of 2005, the group produced an interim report, which was submitted to the CSNI via the WGAMA 
committee…

Assessment of CFD Codes for Nuclear Reactor Safety Problems
NEA/SEN/SIN/AMA(2005)3

This document contained further proposals…
WGAMA: 
Working Group on the Analysis and 
Management of Accidents
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Proposals

● Form a working group to extend and consolidate the existing WG2 document, to act as a platform for a 
web-based NRS assessment database, regulated by an NEA webmaster

● As an ongoing action, look for suitable experiments that could form the basis of benchmarking exercises
specifically tailored to NRS needs

● Keep in touch with future programmes which could yield suitable benchmarking material; 
a working group would be formed to become the organisational unit for this exercise

● Organise an International Workshop, with OECD/NEA and IAEA sponsorship, to promote the availability 
and distribution of experimental data suitable for NRS benchmarking

5-7 September 2006, 

Garching, Germany

OECD/NEA and IAEA Workshop

Benchmarking of CFD Codes for Application 

to Nuclear Reactor Safety

CFD4NRS 

Official Proceedings:
NEA/CSNI/R(2007)3 

Special Issue:
Nuclear Engineering and Design
238(3), 443-786 (March 2008)
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NRS problems for which CFD analysis brings real benefits (1)

 NRS problem System  
classification 

Incident 
classification 

Single- or 
multi-phase 

1 Erosion, corrosion and deposition Core, primary 
and secondary 
circuits 

Operational Single/Multi 

2 Core instability in BWRs Core Operational Multi 

3 Transition boiling in BWR/determination of 
MCPR 

Core Operational Multi 

4 Recriticality in BWRs Core BDBA Multi 

5 Reflooding Core DBA Multi 

6 Lower plenum debris coolability/melt distribution Core BDBA Multi 

7 Boron dilution  Primary circuit DBA Single 

8 Mixing: stratification/hot-leg heterogeneities Primary circuit Operational Single/Multi 

9 Heterogeneous flow distribution (e.g. in SG inlet 
plenum causing vibrations, HDR expts., etc.) 

Primary circuit Operational Single 

10 BWR/ABWR lower plenum flow  Primary circuit Operational Single/Multi 

11 Waterhammer condensation Primary circuit Operational Multi 
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NRS problems for which CFD analysis brings real benefits (2) 

 NRS problem System  
classification 

Incident 
classification 

Single- or 
multi-phase 

12 PTS (pressurised thermal shock) Primary circuit DBA Single/Multi 

13 Pipe break – in-vessel mechanical load Primary circuit DBA Multi 

14 Induced break Primary circuit DBA Single 

15 Thermal fatigue (e.g. T-junction) Primary circuit Operational Single 

16 Hydrogen distribution Containment BDBA Single/Multi 

17 Chemical reactions/combustion/detonation Containment BDBA Single/Multi 

18 Aerosol deposition/atmospheric transport  
(source term) 

Containment BDBA Multi 

19 Direct-contact condensation Containment/ 
Primary circuit 

DBA Multi 

20 Bubble dynamics in suppression pools Containment DBA Multi 

21 Behaviour of gas/liquid surfaces Containment/ 
Primary circuit 

Operational Multi 

22 Special considerations for advanced (including 
Gas-Cooled) reactors  

Containment/ 
Primary circuit 

DBA/BDBA Single/Multi 
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1. Erosion, Corrosion and Deposition

What is the issue and what is the relevance to NRS?
Corrosion of material surfaces may have an adverse effect on heat transfer, and oxide 
deposits may accrue in sensitive areas. 
Erosion of structural surfaces can lead to degradation in the material strength of the structures. 
In the primary circuit, corrosion phenomena are encountered on fuel claddings. An oxide layer 
resulting from corrosion, if thin enough, can protect the surface from further degradation, but if 
eroded can lead to substantial changes in structural integrity. 

Why is CFD Needed?
The prediction of the occurrence of such phenomena requires simulation at very small scales. The erosion rate 
depends primarily on water chemistry (pH level, fluid oxygen content) and material properties, but is also influenced 
by local fluid velocity, temperature, steam quality. These local parameters are flow-regime-dependent, and can only 
be predicted with a proper CFD tool.

Example of what has been done
Ferng et al. (2006) a have predicted the wall thinning locations on the shell wall of feed water heaters using CFX 4.2 
with an impingement erosion model implemented into an Eulerian/Lagrangian model of the flow of steam and water 
droplets. The predicted wear sites on the shell wall corresponded well with measured data obtained from a PWR 
located in the southern region of Taiwan.
Ferng Y. M., Hsieh J. H., Horng C. D. Nuclear Technology, 153, 197-207 (2006). 



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 9

Verification and Validation

Validation is the process of determining whether these 
basic models represent physical reality. Can only be 
accomplished by comparing numerical predictions 
against measured data.

Assessment

Intended application, planning, PIRT

Experiments

VerificationValidation

Demonstration

CFD Code

Application

Ideally, a separate assessment matrix should be prepared for every application. This is a very demanding task. 

Let’s add two more definitions…
Application       ― performing the intended task
Demonstration ― proving capability

Verification is the process that confirms that accurate 
and reliable results can be obtained from the models 
programmed into the code. Verification process 
entails comparing code predictions against exact 
analytical results, manufactured solutions, or 
previously verified higher accuracy simulations. 

P. Roache (1988)…
Verification ― solving the equations right
Validation   ― solving the right equations

Preferred 
route

Fortunately, many of the phenomena are common to other situations, and may be validated against existing data.
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Validation Tests Performed by Major CFD Code Vendors (Example 1)
Whereas verification should be performed mainly by code developers, validation and demonstration are strictly 
application-dependent and must therefore be performed, or at least overseen, by users. 

Nonetheless, basic validation procedures of a generic type have been undertaken by all the major code 
vendors. The information has been taken from established databases concerned with basic flow phenomena.

Backward-Facing Step 

Examines several important aspects of 
turbulent flows: separation of a turbulent 
boundary layer, reattachment of the boundary 
layer, recirculation. 

There is a wealth of experimental data for 
increasing Re. Simulations include DNS, LES 
and different RANS models. Care is taken that 
upstream conditions are fully developed and 
the velocity profile measured.

Velocity profiles downstream of the step are 
also measured, capturing the recirculation 
region and beyond.
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Validation Tests Performed by Major CFD Code Vendors (Example 2)

Impinging Jet 

Normal case for axisymmetric jet normal to impact plane for 
different H to D ratios, but experiments exist for oblique 
incidence too.

Typical data for comparison:

Examines several important aspects: jet spreading, 
entrainment from surroundings, successive 
deceleration, acceleration and again deceleration in 
Regions 1, 2 and 3, respectively. Finally, there is the 
boundary layer growth over the plate.

Pressure on the plate Velocity profiles at different radii

Nusselt number 
(heated plate)
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Existing Databases (Non-Nuclear)

ERCOFTAC (European Research Community on Flow, Turbulence and Combustion)

The database was started in 1995, and is actively maintained by the University of Manchester, UK. It contains 
experimental as well as high-quality numerical data relative to both academic and applied CFD applications. 

ERCOFTAC hold regular Workshops on Refined Turbulence Modelling around Europe, information from which is 
used to update and refine the database. 

The Classic Data Base is open to the public (but registration is needed when downloading data). There are more 
than 80 documented cases, either containing experimental data, or with DNS/LES data available. Each case 
contains at least a brief description, some data to download, and references to published work. Some cases 
contain significantly more information than this. Some of the cases could be used also in NRS applications, such 
as flow in curved channels, mixing layers, and flows through tube bundles. 

http://cfd.mace.manchester.ac.uk/ercoftac/

Cases have been categorised by flow type, for convenience:
Free Turbulent Flows: homogeneous flows; free shear flows; interacting shear flows
Flows Around Bodies: two-dimensional flows;three-dimensional flows
Semi-Confined Flows: 2D boundary layers; 3D boundary layers; wall jets;

flows around bodies interacting with boundaries; free-surface flows
Confined Flows: flows without separation; flows with separation; cavity flows; unsteady flows

When simulating a new NRS case, “test” yourself in advance on an associated classic flow from this database.
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Existing Databases (Non-Nuclear)

QNET-CFD 

A Thematic Network for Quality and Trust in the Industrial Application of Computational Fluid Dynamics.
partly funded by the EU, four years were spent in assembling and collating knowledge and know-how across a 
range of CFD applications. 

http://eddie.mech.surrey.ac.uk/

Good material here for user training in appropriate application area.

The knowledge base is hierarchically structured around the notions of Application Areas. These are:
External Aerodynamics; Combustion and Heat Transfer; Chemical and Process, Thermal Hydraulics and Nuclear 
Safety; Civil Construction and HVAC (heating, ventilation and air conditioning); Environmental Flow; 
Turbomachinery Internal Flow.

Specific NRS items under Chemical and Process, Thermal Hydraulics and Nuclear Safety are:

buoyancy-opposed wall jet; induced flow in a T-junction;; buoyant gas air-mixing; mixed convection in a reactor 
(containment gas mixing); spray evaporation in turbulent flow; combining/dividing flow in a Y junction; downward 
flow in a heated annulus.        

For each Application Challenge, its description, test data, CFD simulations, evaluation, best practice advice, and 
related underlying flow regimes should all be available. Again, it is necessary to register before downloading 
data.
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Existing Databases (Non-Nuclear)
NPARC Alliance Data Base

Chiefly orientated towards the aerodynamics community, CFD Verification & Validation provides a tutorial as well 
as available measurements and data for CFD cases. Link to the data archive of NASA also useful. High-quality 
data available in the following areas: 
incompressible, turbulent flow over a flat plate; RAE 2822 transonic airfoil; S-Duct; subsonic conical diffuser; 2D 
diffuser; supersonic axisymmetric jet flow; incompressible backward-facing step; ejector nozzle; transonic 
diffuser; hydrogen-air combustion in a channel; two-stream mixing; laminar flow over a circular cylinder.

http://web.arnold.af.mil/nparc/

The society participates to the definition of standards for CFD in its “Verification and Validation Guide”, and has 
important links to web sites containing lists of references (papers, books, author coordinates) related to CFD 
verification and validation. Also, various links with other web sites gathering information of aeronautical interest. 
Some of these links may be useful for CFD validation, but would need sifting for relevance to tNRS.

AIAA (American Institute of Aeronautics and Astronautics)

http://www.aiaa.org/

Vattenfall Data Base

Detailed turbulence statistics up to fourth order are available for all three velocity components for a wall jet. The 
turbulence structure in the near-wall region is qualitatively very similar a flat plate boundary layer, but higher in 
magnitude. 

Eriksson J; Karlsson R; Persson, J Exp. Fluids, 25, 50-60 (1998).
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EU Framework Programmes

Some EU FWPs are listed below as sources of information on and links to assessment databases.

Tuomisto, H., et al., “EUBORA: Concerted Action on Boron Dilution Experiments” (Proc. Conclusive Symposium on 
EU Fission Safety Research under the 4th Framework Programme - FISA 99), EUR 19532, 

Commission of the European Communities, Luxemburg (1999).

A 5th EU FWP (shared-cost action) dedicated to the further development of high-resolution numerical methods, and 
their application to transient two-phase flow. Several benchmark exercises were adopted as V&V procedures for 
comparing the different modelling and numerical approaches.  

http://www.grs.de/astar

ECORA (Evaluation of Computational Fluid Dynamics Software for Reactor Safety Analysis)

A 5th EU FWP to evaluate the capabilities of CFD software packages to simulate flows in the primary system and 
containment of nuclear reactors. Some of the documents are in the public domain and give information and links to 
BPGs, verification and validation tests.   

http://domino.grs.de/ecora/ecora.nsf

EUBORA (EU Concerted Action on Boron Dilution Experiments )

A 4th EU FWP to discuss and evaluate the needs for a common European programme to validate the calculation 
methods for assessing transport and mixing of diluted and boron-free slugs in the primary circuit during relevant 
reactor transients, and to discuss how inhomogeneous boron dilution issues should be addressed within the EU. 

ASTAR (Advanced Three-Dimensional Two-Phase Flow Simulation Tool)
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EU Framework Programmes

Benchmark data provided from several liquid-metal experiments, some of 
generic interest ― for example, flow of mercury around a heated U-bend ―
and others more prototypic of reactor cores (TEFLU tests at FZK, Germany). 

FLOWMIX-R (Fluid Mixing and Flow Distribution in the Reactor Circuit )

ASCHLIM 2002, Assessment for computational codes in heavy liquid metal 
flows, EU-Contract number FIKWCT2001-80121.

Another 5th EU FWP addressing in-vessel mixing, particularly in respect to the boron dilution issue. Benchmark 
calculations for selected experiments were used to justify the application of particular turbulent mixing models, to 
reduce the influence of numerical diffusion, and to decrease grid, time step and user effects in CFD analyses.  

http://www.fzd.de/FWS/FLOMIX/ 

ASCHLIM (Assessment of Computational Fluid Dynamics Codes for Heavy Liquid Metals)

A 5th EU FWP (Accompanying Measure) aimed at improving predictive capabilities of CFD codes to simulate flows 
associated with the Accelerator Driven System (ADS) concept. Some benchmarking against experimental data was 
undertaken. Very few measurements of turbulence quantities are available, and uncertainties in specifying the 
turbulent Prandtl number persist.

The EU Framework Programmes rarely fund new experiments, but are useful reference points for benchmarking 
material, which is why they were included in the WG2 document. 
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Existing Databases (Nuclear): Boron Dilution

During boron-dilution events, a volume (slug) of boron-deficient water enters the 
reactor core after start-up of the main circulation pump, or after recovery of 
natural circulation. Experiments generally try to reproduce the mixing in the 
reactor downcomer and lower plenum, upstream of the reactor core inlets.  

Slug

University of Maryland Tests

Very detailed results are available from a series of tests undertaken at 1/5th

scale. The data were used to define the OECD/NEA ISP-43. 

Detailed boundary conditions were provided for the analysts, and time histories 
of temperatures at nearly 300 positions at eleven levels within the downcomer
and lower plenum were available. The T/C positions are marked in the figure.

Azimuthally-averaged 
temperatures at the base 
of the downcomer are 
compared against test 
data (with error bars). 
The calculations were 
done ‘blind’ for the ISP. 
Post-test analyses would 
show improvements.
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Existing Databases (Nuclear): Boron Dilution

These were installed in the cold leg inlet nozzle, in the downcomer, before the entrance into the lower plenum, in 
the lower core support plate (one measuring position at each fuel element position) and in all four outlet nozzles. 

Constructed in 1998, ROCOM is a 1/5th scale Plexiglas model of the German PWR 
Konvoi, consisting of four loops. Demineralised water is used, with coolant mixing 
investigated by the injection of slugs of a tracer solution (diluted salt) into one loop. 

ROCOM Tests (FZD Rossendorf)

Salt concentration was measured 
by means of wire mesh conductivity 
sensors (256 measuring points). 
LDA was applied for velocity 
measurements

The rig can be modified to analyse general mixing phenomena as well as boron dilution studies, and indeed test 
data were released in the context of the FLOMIX-R 5th FWP. 
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Existing Databases (Nuclear): Boron Dilution

1/5th scale model of a VVER-1000, a part of one cold leg with loop 
seal at RCP inlet is reproduced. Boron concentration is reproduced 
using cold water in the reactor with a hot water slug.  Core model has 
151 simulators of fuel assemblies having about the same hydraulic 
resistance as the actual fuel assemblies. Fast-response T/C are 
installed at the core inlet (80 positions) and in lower part of the 
downcomer.

Some problems with uncertainty of the measured quantities (loop flow 
rates) and with wall heat transfer. Improved results obtained once the 
walls are explicitly modelled, though solution of conjugate heat transfer 
problems is much more demanding in terms of computer memory and 
CPU time. This is a common problem of all experiments where 
temperatures are measured. 

OKB GIDROPRESS (Russia)

Test data from 3 experiments were released for CFD simulation in context of the FLOMIX-R 5th FWP. 
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Existing Databases (Nuclear): Boron Dilution

The experiment is a 1/5th-scale model of a 3-loop 
PWR pressure vessel. Borated water is 
represented by tap water, and the deborated slug 
by a salt-water solution with a suitable amount of 
an organic fluid of low density added to bring the 
average mixture density so close to that of the tap 
water that buoyancy forces were negligible.  

Measurements of concentrations at the “core” inlet 
and velocities in the downcomer for four transient 
cases, VATT-01 (large slug), VATT-02 (medium-
sized slug), VATT-03 (small slug) and VATT-04 
(slow transient), were released within the FLOMIX-
R project. Both steady-state (only velocity field 
calculated) and transient simulations were 
simulated within the project

   

Vattenfall Tests (Sweden)
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Existing Databases (Nuclear): Pressurised Thermal Shock (PTS)

Experimental data available:
IVO (FORTUM) test facility (Finland)
UPTF Facility (Germany)
ROCOM Facility (Germany)
APEX Test Facility (USA)

Most attention has been paid to the two-phase PTS issue, with high pressure injection from the top into a partially 
filled cold-leg pipe. 

Aspects of the PTS scenario were investigated in 
the ECORA 5th FWP, and more comprehensively 
in the NURESIM 6th FWP 
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Existing Databases (Nuclear): Pressurised Thermal Shock (PTS)

It is planned to operate the 
test mock-up in steady-state 
conditions with and without 
mass transfer due to 
condensation, as well as in 
transient operational mode.

This is a unique facility, presently being commissioned. The test section (scale 1/2.5) is located inside a pressure 
vessel of length 7m and 2.5m inner diameter. Experiments can be carried out at up to 50 bar pressure, but parts 
of the test section can be constructed of glass due to pressure equalisation, enabling full visualisation access. It 
is highly instrumented with thermocouples, heat-flux probes, wire-mesh sensors, local void probes, high-speed 
camera observation, infrared camera observations and local conductivity probes.

TOPFLOW-PTS Experiments (FZD, Rossendorf)

The geometry is based on 
the French CPY 900 MWe
reference plant.

Access to the data from the 
tests will be restricted to the 
partners in the consortium 
who have financed them. 
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Existing Databases (Nuclear): Thermal Fatigue – What is the Issue?

First studies in the 1980s in LMFBRs: fatigue phenomena were observed in the secondary loop of the Phénix
prototype reactor as well as in a Tee-junction  of Superphénix. The IAHR (International Association for Hydraulic 
Engineering and Research) defined a benchmark activity around the issue.

Failures of parts of structures of NPPs caused by thermal fatigue include Genkai Unit 1 (Japan), Tihange Unit 1 
(Belgium), Farley Unit 2 (USA), PFR (UK), Tsuruga Unit 2 (Japan) and Loviisa (Finland). Consequently, 
considerable effort has been devoted to research of this phenomenon. 

A resurgence of interest in Tee-junctions 
arose due to a failure event at the Civaux-
1 PWR (1450 MWe N4) in May 1998. This 
led to the replacement of RHR circuit on 
all four N4 units in France by the earlier 
1300 MWe design.  

Critical parameters: frequencies (ω); temperature differences (∆T); number of cycles (N); material properties
Most damaging thermal loads appear to be due to large-scale turbulent fluctuations; i.e. identification and 
quantification of non-steady phenomena of low frequency (3-10 Hz) are important
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Existing Databases (Nuclear): Thermal Fatigue
Vattenfall Benchmark
Very careful tests performed at 
Älkarleby Laboratory in Sweden: 
invitation to submit ‘blind’
calculation, and then organisors
will provide measured data.  
This benchmark is open to all 
who wish to participate.

Parallel Striping Fatigue

High-cycle fatigue problem caused by 
two or more parallel jets at different 
temperatures in contact with 
neighbouring structures, such as at 
core outlet of LMFBR. Figure left 
shows test section at O-arai
Engineering Center in Japan. 

Expt. RANS DNS

Turbulence modelling is vital in thermal fatigue
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Gaps in the Assessment Databases (1) 
Aerosol Transport in Containments

Possible experimental database could include OECD/NEA activities in the field of aerosol behaviour: ISP-37 
(VANAM M3 Aerosol Behavior in the Battelle Model Containment), the AHMED Code Comparison Exercise, 
ISP-44 (KAEVER test facility, VTT, Finland). 

However, the most cited reference remains 
the Phebus FP Severe Accident 
Experimental Program at CEA Cadarache, 
which reproduces (at scale) a core 
meltdown accident in a 900 MW PWR. 
Aerosols were released into a mock-up 
containment. Though CFD codes were 
used within the PHEBEN2 EU-supported 
project based on the PHEBUS FPT0 and 
FPT1 experiments, no local measurements 
of aerosol deposition are available.  

In a recent PIRT (see later), aerosol deposition in containments was ranked ahead of thermal fatigue 
in priority, but there are no data from the nuclear area useful for CFD validation
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Gaps in the Assessment Bases (2)

For single-phase flows, the main uncertainties arise in connection with the turbulence modelling. The standard 
two-equation RANS models (k-ε, k-ω) assume the turbulent fluctuations to be essentially isotropic, whereas 
buoyancy always introduces stronger motions in the vertical direction. More complex closures (e.g. RSM), are 
much less robust, and more expensive in CPU time. This is an active research area.

Traditional 1-D system codes need to be “manipulated” to take account of 3-D effects, when this aspect needs to 
be taken into account during a safety analysis. A local 3-D CFD computation is required in such cases to produce 
more trustworthy results. However, there is the difficulty of specifying the initial conditions (e.g for the velocity 
field and temperature distribution) for a “stand-alone” CFD simulation being performed during a transient. Often 
too, there is a strong feed-back from the system parameters. The best way forward is to couple a CFD code with 
a system code (see later).

Isolating the CFD Problem

Stratification and Buoyancy Effects

Stratified flows and buoyancy-induced effects (due to density differences) take place in many parts of the flow 
circuit: main vessel, lower and upper plena, pipes, and hot and cold legs. There are also important stratification 
issues in containment modelling and for passive decay-heat removal. Mostly, the phenomena are associated 
with unsteady 3D flow situations. The issue is to derive a modelling strategy able to handle all the situations of 
relevance to NRS. 
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Gaps in the Assessment Bases (3)

The crucial issue is whether the coupling is one-way (i.e. the structural motion does not have a feed-back on the 
flow field) or two-way (i.e. when it does). 

The flows in the primary circuit components of reactors are often strong enough to induce vibrations in, or 
damage to, confining or nearby structures, which may have consequences regarding plant safety. In the case of 
thermal-hydraulic issues relating to the containment, there are instances of chugging and flow-induced 
condensation producing jets in suppression pools in BWRs, and in large water pools for some evolutionary 
reactions in which the mechanical loads on submerged surfaces need to determined and the heat transfer to the 
walls have to be simulated simultaneously, usually by coupling implicitly a CFD code and structure code.

Fluid-Structure Interaction (CFD-FEM)

These days, one-way coupling is fairly straightforward, even under transient conditions. The CFD module 
calculates the velocity and temperature fields, and the thermal and mechanical loads are transferred via a data 
interface to the FEM solver for calculating the stresses.  

In the case of two-way coupling, such as in vibrational analysis, the CFD and FEM computations need to be 
performed simultaneously. This is expensive in terms of CPU time, and will likely involve mesh reconstruction, 
which is also time consuming. There may also be problems in matching the CFD and FEM numerical algorithms.  

In the commercial CFD world, there are now strong corporate connections between the CFD and FEM code 
vendors, so the technicalities of the coupling should soon be overcome.  

At this time, assessment bases for fluid-structure interaction capability
are very problem-specific and need to be generalised.
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Gaps in the Assessment Bases (4)

The difficulty is to perform a coupled simulation, involving a CFD code adapted to the core description and a 
neutronics code, and to ensure consistent space and time precision of the two aspects.

Precise prediction of the thermal loads to fuel rods, and of core behaviour, result from a balance between the 
thermal hydraulics and the neutronics. The thermal hydraulics is coupled with the neutronics through the heat 
release due to neutronic activity (nuclear power distribution and evolution), and the neutronics is coupled with the 
thermal hydraulics through the temperature (fuel and moderator), density (moderator), and the possible 
concentration of neutron absorber material (e.g. boron). Only the nuclear community has an interest in these 
topics.

Coupling of CFD code with Neutronics Codes

The current state-of-the-art is a coupling between a sub-channel description of the thermal hydraulics and 
neutron diffusion at the assembly level.

Several benchmarks have been computed in the frame of OECD/NEA, including a PWR Main Steam Line Break, 
BWR Turbine Trip, and the VVER-1000 Coolant Transient (for which fine-mesh CFD models were used).  

A concerted effort is needed to bring together all appropriate data 
to place the assessment process on a sound basis.
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Gaps in the Assessment Bases (5)

The coupling is performed via an Executive Program, which monitors the progress in each code, determines 
when both codes have converged, governs the information interchanges between the codes, and issues 
instructions to allow each code to progress to the next time step. 

Performing a nuclear reactor simulation are beyond the possibilities of 
present hardware if a CFD code is used alone. Use of a less detailed and 
less demanding system analysis code to produce initial and boundary 
conditions for the CFD code is a practical alternative. Links have been 
established between major system and CFD or CFD-like codes (see right).

Coupling CFD with System Codes

FLUENTRELAP5

CFX-4RELAP5

CFX-4ATHLET

FLUBOXATHLET

COBRA/TFRELAP5

CFD codeSystem code

The first validation matrix has been set up for the RELAP5-3D/FLUENT coupled code (which was intended for 
application to pebble-bed modular reactors and other high-temperature gas reactor systems). The matrix 
involves the simulation of basic flows, such as turbulent flow in a pipe section, flow over a backward-facing step 
with heat transfer, flow through a pebble-bed core (porous medium approach), and even neutronic-fluid 
interaction in a core. 

Good progress is being made in this area.

Note that it is not sufficient to validate the system and CFD codes separately: the coupled code has to be 
validated. This will have to progress using integral-type data from system-code benchmark exercises.
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Computing Power Limitations

From this have arisen a number of variants.
Parkinson’s Law of Data: “Data expands to fill the space available for storage”.
Parkinson’s Law of Bandwidth Absorption: “Network traffic expands to fill the available bandwidth”.
Why not one for CFD?
Parkinson’s Law of CFD could read: “CFD expectations expand to fill the available machine capacity”.  

Original version: “Work expands to fill the time available”, was first articulated by Prof. C. Northcote Parkinson, 
and is based on a study of the British Civil Service, whose number of employees always seems to increase. 

In NRS applications, situations requiring analysis are often of a transient nature. CFD codes are computationally 
demanding, both in terms of memory usage and in the number of operations. These days, CFD simulations using 
30 million nodes are common in many industrial applications. 

Parkinson’s Law

It is evident that the pursuit of quality and trust in the application of CFD to transient NRS problems, adhering 
strictly to the dictates of a Best Practice Guidelines philosophy of multi-mesh simulations and higher order 
algorithms, will stretch available computing power to the limit for some years to come. In the mid-term, 
compromises will have to be made: for example, examining mesh sensitivity for a restricted part of the 
computational domain, or to a specific period in the entire transient. 

Certainly, expanding efforts in NRS will ensure that Parkinson’s Law will prevail for CFD.
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CSNI Working Group on the Analysis and Management of Accidents (WGAMA)

Follow-Up Activity: Special CFD Group

Initiative

Objectives

Identify generic and country-specific safety issues that need to be addressed using CFD
Identify needs and priorities for future CFD work, and set priorities for 2008-2010 and beyond

Options to consider

Next CFD4NRS workshop in 2008
Continuous update of BPGs for NRS applications
Maintenance of web-based CFD assessment database
Database and BPGs for multi-phase applications

Panel of Experts
Consisted of 8 members plus secretariat, representing France, Germany, S. Korea, Japan, Switzerland and US.

Meeting
Just one meeting was held in May 2007. Prior to the meeting, a questionnaire was sent out to all members.
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Country?
Safety Item (title plus short description)?
Reactor Type?
Does issue effect one plant or many?
Is it a licensing issue?
Is it an operational issue?
Is it a performance enhancement issue?
Is it a plant life-time extension issue?
Is it an issue of public concern?
Have there been incidents already? When? Degree of severity?
Does resolution of the issue influence plant shut-down?
What is the status of in-depth analyses to date?
In what way could CFD bring real benefits or new insights?
What is the likelihood of success if CFD studies were made?
What is the time frame under which they could be undertaken?
Is this a matter of generic interest to the nuclear community?
What priority (H/M/L) would your country give to resolving this issue?
Which other countries would benefit from resolution of this issue?
Do you regard CFD to already be mature enough to resolve this issue?
If yes, how do you see that the OECD/CSNI/GAMA can help here? Benchmarking activity? International forum?
If no, what specific modelling areas require further development? Estimated time to trustworthiness?

Questionnaire
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Consensus of opinion that there should be some, scaled-down continuation of the work of the CFD Writing Groups

Meeting (1)

1. Core Group

Each participant described safety issues relevant to his/her nuclear power programme for which CFD could be 
expected to bring real benefits, as itemised on the questionnaire

Most favoured solution was to form a small CFD Core Group, consisting of the 3 chairmen of the existing WGs, 
NEA secretariat and NEA webmaster

Tasks to be performed by core group
● set up and maintain web-based, continuing CFD activity on NEA web site
● to act as a central organisation for any future workshops in the CFD4NRS series…

with the aim of providing a forum for the application/validation/extension of CFD in NRS

Fairly clear categorisation into items of  generic interest, for which an OECD/NEA benchmarking exercise would 
be useful, and those items for which there was country-specific interest, for which internal benchmarking would 
be more appropriate (though passive exchange of information desirable)

2. Safety Issues Needing CFD

Certain points of common interest emerged, so it was decided to prioritise these after the meeting

3. Prioritisation of Safety Issues



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 34

Meeting (2)

5. Cross-Cutting Issues

DNB: also of interest to CSNI fuel safety group and the Nuclear Safety Committee

CHF: ambitious for CFD, but of potential interest to industry and CSNI fuel safety group 

4. External Group Participation

It was decided to widen the group representation in the task of prioritisation of safety issues. Consequently, the 
questionnaire sent to representatives of Belgium, Canada, Czech Republic, Finland, Italy, Netherlands, Slovenia, 
Spain

6. Uncertainties

It was recognised that, due to CPU overheads, proper uncertainty qualification analysis could not be performed 
using CFD, as was common with system codes.

Generally, for each system transient, 50-100 computations are carried out for an uncertainty analysis

This is not possible for CFD, though application of BPGs goes some way: e.g. mesh-independency, sensitivity to 

input parameters over part of the transient (ECORA). More CPUs (parallel processing) will improve the situation
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Post-Meeting (1)

7. Overall Priority Ranking (Single-Phase)

Topic (single-phase) Score/36 Generic 
Interest 

PTS 31 
Hydrogen mixing and combustion in containments 31 
Flows in complex geometries* 29 
Boron dilution 28 
Sump strainer clogging 26 
Aerosol deposition in containments 26 

HIGH 

   
Thermal fatigue 23 
MSLB (leading to asymmetric flow) 22 
Hot-leg heterogeneities 21 
HTGR lower plenum mixing 16 
HTGR core heat transfer 15 

MEDIUM 

   
HTGR reactor cavity cooling heat transfer 13 
GCR/VHTR heat transfer issues 12 
Flow behind blockages in LMFRs 9 
Flow-induced vibrations in LMFRs 8 
Core barrel vibration in APWR 6 

LOW 
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Post-Meeting (2)

6. Overall Priority Ranking ( Multi-Phase)

Topic (multi-phase) Score/36  

Reflooding/following LB-LOCA, including UPI and EPR 28 
PTS 27 
CHF 26 
Condensation-induced water hammer 26 

HIGH 

   
Sub-cooled boiling in PWRs 23 
Steam condensation in pools 19 
Induced break 16 

MEDIUM 

   
Gas entrainment in LMFRs 9 
Special issues for CANDU reactors 3 

LOW 
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High Priority Items (Single-Phase 1)

1. PTS

Comprehensive study in 1980s: NUREG/CR-5677

Renewed interest from E. Europe: VVERs have ECC injection from below (submerged jet) in cold-leg

Also, submerged side injection in some German PWRs

French PWRs have injection from top, and two-phase PTS of more interest

No lack of validation data: UPTF, ROCOM, FORTUM…, but needs to be scrutinised to determine whether a 
benchmark can be defined unambiguously

2. Hydrogen Distribution in Containments

Large containment experiments: MISTRA, TOSQAN, ThAI already subject of benchmarking: ISP-47

Experiments in OECD/SETH series in PANDA (formation of stratification): benchmarking  in ECORA

New OECD/SETH-2 experiments underway (destruction of stratification)

HYSAFE 6th EU FWP addresses general hydrogen safety issues… relevant?
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High Priority Items (Single-Phase 2)

3. Flow in Complex Geometries

Addressed in 5th EU FWP FLOWMIX-R

No lack of validation data: UPTF TRAM C3, ROCOM,…

5. Aerosol Distribution in Containments

Definite lack of suitable validation data here

EU 5th FWP PHEBEN, based on CEA PHEBUS tests, produced integral data only, limited for CFD

May need to go outside nuclear power area for better data… needs exploring

4. Boron Dilution

Addressed in ISP-43, based on University of Maryland Experiments, EUBORA

Also part of general flow mixing: e.g. FLOWMIX-R
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High Priority Items (Multi-Phase)
1. PTS

Addressed in 6th EU FWP NURESIM, and any follow-up project

No lack of validation data: HYBISCUS, UPTF-TRAM C1, COSI, ROSA,…

Forthcoming TOPFLOW-PTS experiment at FZD will provide high quality data (but restricted!)

4. Condensation-Induced Water Hammer

Addressed in EU 5th FWP WAHALoads. Sonic event, not suitable for Courant-restricted system codes

2. LB-LOCA

Remains the classical DBA: system analysis capability is mature. Need to focus on some 3-D aspects for CFD to 
be useful

3. CHF

Ambitious target for CFD. Subject of 6th EU FWP NURESIM, so apparently no lack of interest. 

Influence of spacers paramount (proprietary information), though some scope for benchmark based on generic 
spacer design in KAERI experiments



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 40

Outcome

Proposal

Set up a CFD Core Group to oversee the following tasks:

1. Construct a web-based centre of expertise on the application of CFD to NRS, to consolidate, update and extend:
Best Practice Guidelines for the Use of CFD in NRS Applications
Assessment of CFD Codes for NRS Problems
Extension to Application to Two-Phase NRS Problems

Status

Meeting of Special CFD Group was held in May 2008. 
1. Basic layout of the WG2 website begun in July 2008.
2. Final preparations made for the XCFD4NRS Workshop in Grenoble, 10-12 Sept. 2008.
3. Benchmarking activities to be discussed at the OECD/NEA WGAMA meeting in Sept. 2008 

2. Provide the central organising committee for  the XCFD4NRS Workshop, and future workshops in the series

3. Evaluate the potential for benchmarking activities based on the priority ranking established by the PIRT
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Main webpage for WG2

Listed are the main chapters 
of the final document 

NEA/CSNI/R(2007)13

Each item is an internal link to 
the detailed information.

For example, clicking here 
opens the page to the 
Executive Summary…
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Main webpage for WG2

The page contains the entire 
executive summary, as it 
appears in the original 
document.

The scroll bar on the right is 
active, as is the Browser’s 
“find” facility

Return to the main page can 
either be at the Browser level 

or via the “navigation bar” (to 
be developed)
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Main webpage for WG2

Larger chapters are 
subdivided…

…the page layout  being 
constructed similarly, the sub-
chapters being active links to 
the detailed information

Further subdivisions have 
been installed,  as necessary
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Main webpage for WG2

As an example, clicking on 
“Boron Dilution”…
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Main webpage for WG2

…links to the page containing 
the detailed information
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Main webpage for WG2

The “search” facility…

…gives ‘hits’ at the level of 
the page titles as well as the 
text within the pages

The titles are “active” within 
the search operation, with 
links to the relevant sections
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Main webpage for WG2

The starting point for the 
information on the webpage is 
the WG2 final document 

NEA/CSNI/R(2007)13

But the intention is to have 
regular updates, coordinated 
by the CFD Core Group

There will be open access to 
the website for all OECD 
member countries, but with a 
registration procedure 

Information on access to the 
website will be passed out via 
member country’s 
representative on the 
CSNI/WGAMA committee



Laboratory for Thermal-Hydraulics
Nuclear Energy and Safety Department

XCFD4NRS, Grenoblet 10-12 September 2008. 48

Summary

Contents of WG2 Document
● List of NRS problems for which CFD analysis can bring real benefits 

(boron dilution, thermal fatigue, heterogeneous flow, stratification, mixing, etc.) 
● Description of existing non-nuclear based databases

(ERCOFTAC, QNET-CFD, MARNET, FLOWNET, INPARC Alliance, AIAA, Vattenfall)
● Description of existing (nuclear based) databases 

(boron dilution, PTS, thermal fatigue, Euratom FWPs, etc.)
● Identification of gaps in technology and assessment bases

(turbulence models, stratification, buoyancy, coupling with neutronics/FEM/system codes, CPU limitations)
● List of candidate experiments for possible future benchmarks

(ROCOM, HAWAC, T-junction expts., MATIS-H, TOSQAN, MISTRA, PANDA, RUT, etc.)      

Origins of the OECD/NEA Writing Groups: 
WG1: Best Practice Guidelines for CFD in NRS Applications
WG2: Single-Phase Assessment Bases 
WG3: Extension of CFD for Two-Phase NRS Applications

Follow-Up Activities
● CFD Special Group to prioritise safety issues of generic interest – reported back to CSNI/WGAMA
● Formation of CFD Core Group to oversee: (1) web-based versions of WG documents; (2) organise

XCFD4NRS and future workshops; (3) set up benchmarking activities in NRS 
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THE END
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Objectives and Content of Work

The objective is to give orientations for the future development and assessment of 
two-phase CFD tools to be used in Nuclear Reactor Safety (NRS) problems

Phase 1:
• A classification of NRS problems requiring 2 phase CFD use
• A classification of different modelling approaches
• The specification and analysis of needs in terms of physical & numerical assessment,

NEA/SEN/SIN/AMA(2006)2, July 2006

Phase 2:
• Selection of a limited number of NRS issues having a high priority and for which 

two-phase CFD has a reasonable chance to be successful in a reasonable period 
of time.

• Identification of the remaining gaps in the existing approaches for the selected 
issues. 

• Identification of some verification, demonstration and validation test cases of 
special interest for each selected NRS issue. Proposal of benchmark exercises.

• Establish the foundation of Best Practice Guidelines for two-phase CFD 
application to the selected NRS issues

Final report to be completed by end 2008
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Identification of NRS problems where extension of CFD capabilities to 
two-phase flow may bring real benefit

NRS problem Maturity of present 
CFD tools

1 DNB, dry out and CHF investigations M
2 Subcooled boiling M
3 Two-phase pressurized thermal shock M
4 Direct contact condensation: steam discharge in a pool M

5 Pool heat exchangers: thermal stratification and mixing problems H

6 Corrosion Erosion deposition L
7 Containment thermal-hydraulics H
8 Two-phase flow in valves, safety valves L
9 ECC bypass and downcomer penetration during refill L

10 Two phase flow features in BWR cores M
11 Atmospheric transport of aerosols outside containment M

12 DBA reflooding M
13 Reflooding of a debris bed L
14 Steam generator tube vibration L
15 Upper plenum injection L
16 Local 3-D effects in singular geometries L
17 Phase distribution in inlet and outlet headers of steam generators L

18 Condensation induced waterhammer L
19 Components with complex geometry L
20 Pipe Flow with Cavitation M
21 External reactor pressure vessel cooling M
22 Behaviour of gas-liquid interfaces M
23 Two-phase pump behaviour L
24 Pipe Break-In vessel mechanical load M
25 Specific features in Passive reactors M

OECD-WGAMA

CFD WG3: 

Extension of CFD Codes to 
Two-Phase Flow Safety

Problems

By 

D. Bestion (CEA, France), 
H. Anglart (RIT, Sweden), 
B.L. Smith, M. Andreani, 
(PSI,Switzerland) 
J. Mahaffy (PSU, USA), 
E. Komen (NRG, Netherland), 
P. Mühlbauer (NRI, Czech Rep), 
M Scheuerer (GRS, Germany)
T. Morii, F. Kasahara (JNES, Japan)
T. Watanabe (JAEA, Japan)

NEA/SEN/SIN/AMA(2006)2, 
July 2006
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Porous body or open medium approaches

NRS problem Open 3D Porous 3D Open 3D for 
Porous or for 1D

1 DNB, dry out and CHF investigations O O ⇒ P

2 Sucooled boiling O O ⇒ P
3 Two-phase Pressurized Thermal Shock O

4 Direct contact condensation: steam discharge in a pool O

5 Pool heat exchangers: thermal stratification and mixing problems O P

6 Erosion, corrosion, deposition O
7 Containment thermal-hydraulics O
8 Two-phase flow in valves, safety valves O

9 ECC bypass and downcomer penetration during refill phase of a 
LBLOCA

0 P O ⇒ P

10 Two phase flow features in BWR core P O ⇒ P

11 Atmospheric transport of aerosols outside containment O

12 DBA reflooding P O ⇒ P
13 Reflooding of a debris bed P O ⇒ P
14 Steam generator tube vibration O ⇒ P
15 Upper plenum injection P
16 Local 3-D effects in singular geometries O

17 Phase distribution in inlet and outlet headers of steam generators O O ⇒ P

18 Condensation induced water hammer O

19 Components with complex geometry- separators, dryers O ⇒ P

20 Pipe flow with cavitation O
21 External reactor pressure vessel cooling O

22 Behaviour of gas liquid interfaces O
23 Two-phase pump behaviour O
24 Pipe break-in vessel mechanical load O P

25 Specific features in advanced PWR O
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NRS problems where extension of CFD capabilities to 
two-phase flow may bring real benefit

For each NRS problem:
• Description of the issue
• Why extension of CFD to two-phase flow may bring real 
benefit
• Degree of maturity of present two-phase CFD tools to treat 
the problem

–‘High’ maturity was applied to the case in which sufficient information was available, all related 
phenomena were identified well, and models were developed for each phenomenon, improvements may 
be welcome for some of them. 
–“Medium” maturity was applied when a publicised background exists, most basic phenomena are 
supposed to be well identified and some models exist which require improvements and validation. 
–‘Low’ maturity was applied to the case in which no trusted information was available on the validity 
of existing models. 

• References

NEA/SEN/SIN/AMA(2006)2, July 2006
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Classification of Two-phase CFD approaches

Classification with respect to the averaging of basic equations:

� Space averaging :
� 3D model for porous medium
� 3D model for open medium

� Filtering turbulent scales and two-phase intermittency scales:
� All turbulent scales are filtered (RANS models)
� Only some scales are filtered (two-phase LES)
� All turbulent scales are predicted (DNS)

� Phase averaging or field averaging:
� Homogeneous for a two-phase mixture
� Two-fluid model
� Multi-field models

� Additional transport equations, which are used:
� Transport or turbulent quantities: k-ε, Rij-ε,
� Transport of interfacial area or particle number density,…

� Use of Interface Tracking/Capturing Technique

Classification with respect to :
� Eulerian-Eulerian method
� Eulerian-Lagrangian method
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Classification of 3D CFD models

1 phase  for porous body

1 phase  RANS models

1 phase  LES models

1 phase  DNS models

Two-fluid for porous body

Two-fluid for open medium

Two-fluid + LES + LIS + ITM??

Two-phase pseudo-DNS with ITM

LES + ITM

Single -Phase

C C
F  M
D  F

D
?   ?

Two -Phase
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Proposed multi-step methodology for using two-phase 
CFD to NRS issues

1. Identification of all important flow processes: PIRT analysis. 
2. Selecting a Basic model: one–fluid model, two-fluid model, multi-field models... 
3. Filtering turbulent scales and two-phase intermittency scales: averaging or 

filtering of basic equations: ensemble averaging, time averaging, space 
averaging, or combined averaging, space and time filtering of Turbulent scales 
and two-phase intermittency scales . RANS, LES, LIS, …

4. Identification of Local Interface structure: ITM?, statistical description 
with void fraction, interfacial area density, polydispersion, MUSIG, MSM ?

5. Modelling interfacial transfers: mass momentum and energy interfacial 
transfers have to be modelled depending on the modelling choices and 
validated on available SETs. 

6. Modelling Turbulent transfers: turbulent transfers have to be modelled 
depending on the modelling choices and validated on available SETs.

7. Modelling Wall transfers: momentum and energy wall transfers have to be 
modelled (wall functions) and validated on available (SETs). 

8. Matrix of Validation tests and Demonstration tests.
9. Numerical Verification: pure numerical benchmarks. 
Then :
10. Evaluation of uncertainty (when physical modelling will be mature enough)
11. Precise BPG for a CFD use by non specialists
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Selection of a limited number of NRS issues (Phase 2)

Selected issues:
• DNB investigations
• Dry-out investigations
• Pressurised Thermal Shock 
• Steam discharge in a pool 
• Pool Heat Exchanger 
• Fire analysis

Selection criteria
• High priority issues with respect to nuclear safety 
• Chance to be successful
• Covering generation 2 and 3 water reactors
• Covering all flow regimes
• Existence of a sufficient data base
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Structure of the final report

� SELECTION OF A LIMITED NUMBER OF NRS ISSUES
– THE DRY-OUT INVESTIGATIONS
– THE DEPARTURE FROM NUCLEATE BOILING
– THE PRESSURIZED THERMAL SHOCK
– THE POOL HEAT EXCHANGERS
– THE STEAM DISCHARGE IN A POOL
– FIRE ANALYSIS

� VERIFICATION TEST CASES OF SPECIAL INTEREST FOR THE 
SELECTED ISSUES

� PROPOSAL OF BENCHMARKS RELATIVE TO THE SELECTED ISSUES

� BEST PRACTICE GUIDELINES
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Pool heat exchangers: thermal stratification and mixing 
problems

Examples of pool HX
• PRHR (AP1000): RHR + cooling in LOCA before gravity 

draining from the IRWST
• ISC : BWR heat sink when normal steam flow is disrupted
• PCCS (ESBWR)

Problems to solve:
• can they remove the power & how long they will function? 

before outside intervention
• Predict the condensation rates in the tubes and 
• Predict the heat transfer rate (boiling) on the pool side
• single phase & two phase buoyancy driven natural 

circulation
• thermal stratification

What benefit CFD may bring?
• Simulation of accidental transients with system codes do 

not represent correctly 3D effects in the pool (long-term 
cooling phase )

• in SA conditions, presence of hydrogen leads to complex 
conditions in the multi-tube geometry, with possibility of 
flow reversal in several of the tubes, and strongly 
inhomogeneous deposition of aerosols.

• evaluate the reliability and the efficiency of HX in a wide 
spectrum of accident conditions

• helping an economically competitive design 

PRHR ICS or PCCS
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Direct contact condensation: steam discharge in a pool
Steam discharge in a pool with DCC is encountered in:

� BWR suppression pool. 
� passive safety systems of new reactor designs, ADS

Associated phenomena
� Bubble detachment, break up, turbulence production
� low submergence and  large flows result in possible steam 

by-pass 
� DCC with instability & pressure fluctuations may occur 

(effect of the design )
� thermal mixing in the pool 
� gas bubbles resulting from the injection of steam-gas 

mixtures may have an impact on other systems, e.g., ECCS

Difficulties
� Strong thermo-mechanical coupling.
� DCC regimes & transition criteria: chugging, subsonic and 

sonic jetting , condensation oscillations,…
� DCC regime and efficiency sensitive to geometry of vent 

nozzle
� Design can only be based on costly experiments

What benefit CFD may bring?
� A better understanding of coupled phenomena
� Help design 
� Predict behaviour: DCC, thermal mixing, steam bypass

References
Cho et al. Characteristic of thermal mixing and pressure load during continuous steam

discharging phase, Proc. KNS Spring Conf KNS 2002
Song et al., Characterization of DCCof steam jets discjharging into subcooled water, IAEA 

technical committee meeting, PSI, Villingen, Sept 14, 1998

sparger
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circulation 
flow
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cross
flow

Fma >> Fmi

Cho et al, 2002

Song et al. 1998
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Dry Out investigations

Identification of all important flow 
processes for Dry Out

Droplet diameter:
– turbulence-particle interactions  
– drop break-up  

– coalescence

Deposition 
– drop dispersion in turbulent flow 
– interactions with eddies of various scales ( ratio of 

the particle response time to the eddy 
characteristic time)

Entrainment
– steam flow generates waves on the film surface, 

with droplets being entrained from the crests of 
these waves. 

– splashing associated with drop deposition, 
– nucleate boiling in the film, split of bubble liquid 

film

Film Thickness

Mechanisms for dryout (Hewitt, 1982):
� Entrainment + evaporation > deposition
� Formation of a dry patch within the 
liquid film, 
� Vapour film formation under the liquid 
film ( DNB)



14/23 XCFD4NRS september, 10 – 12, 2008,  Grenoble

Data sources for Dry-Out investigations

Data 
source 

Würtz, 1978 

 
Andreussi, 

1983  
Govan et 
al., 1989 

 

Cousins & 
Hewitt, 1968  

Adamsson & 
Anglart, 

2005  

Okawa et al., 
2005  

Fore & al., 
2002  

Fore & Dukler, 
1995  

Andreussi, 
1983  

Geometry Tube  
Di =10 mm 
Annulus  
Di=17 mm, 
De=26 mm,  

Tube 
Di= 24 mm 

 

Tube  
Di=31.8 mm 

Tube  
Di:  9.52 mm 

Tube  
Di:  13.9 mm 

 

Tube 
Di: 5 mm 

Tube 
Di: 9.67 mm 

 

Tube 
Di: 50.8 mm 

Tube 
Di: 24 mm 

Fluid 
Heating 

Steam-water 
Adiabatic & 

 diabatic 

Air-water 
Adiabatic  

Air-water 
Adiabatic 

Air-water 
Adiabatic 

Steam-water 
Diabatic  

 

Air-water 
Adiabatic 

N2-water 
Adiabatic 

Air-water 
Air-

water+glycerine 
Adiabatic 

Air-water 
Adiabatic 

∆∆∆∆P 
 

X X X       

Qfilm  X   X X     
E    X  X   X 

Qdep   X   X    
Drop size 

distribution  
      X X  

Other 
measurement

s 

δδδδf 
fw 

Cw: 

ττττw 
ττττI 
 

Cw 
 

     Rate of 
liquid 

interchange  
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DNB investigations 

Present industrial methods for predicting CHF in PWR (DNB) and BWR (Dry-out) 
rely on:
– pure empirical methods which require costly experimental testing in real geometry with real fluid real

flow conditions and real rod power
– subchannel analysis with prediction of P,G,X averaged in the subchannel

DNB occurrence depends on phenomena at various scales:
– Macro-Scale (order of about 1 cm)

• Mixing between sub-channels, cross-flows , turbulence
• Grid spacers effects on averaged flow parameters P, G, Xth

– Meso-scale (order of about 1 mm)
• Bubble transport and dispersion growing, collapse, coalescence and break up
• Turbulents transfers of heat and momentum
• Local grid spacers effects

– Micro scale (order of 1 µm or less)
• activation of nucleation sites, growing of attached bubbles
• sliding of attached bubbles along wall, coalescence of attached bubbles, 
• bubble detachement, wall rewetting after detachement

CFD may bring:
– A better understanding of meso-scale effects on CHF occurrence
– Help new fuel bundle design 
– Allow a « local predictive approach »
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Data sources for DNB investigations

Phenomena DEDALE TOPFLOW DEBORA ASU 
 

PURDUE 
boiling 

KAERI 
boiling 

DEBORA 
Promoter 

AGATE 
(&AGATE-
promoter) 

BFBT LWL 

Geometry Tube 
L=6 m  

D=0.0381 m 

Tube 
D=195.3mm 

Tube 
D=0.0192 m 

Annulus 
Di=15.78mm 
De=38.02m 

Annulus 
Di=19.1m 
De=38.1m 

Annulus 
Di=19mm  

De=37.5mm 

Tube 
+  

promoter 

Rod bundle 
(tube+promoter) 
 

Rod  
bundle 

Rod  
bundle 

Fluid / flow 
conditions 

Air-water 
adiabatic 

Air-water 
and 

Steam-
water 

R12 R113 Steam-
water 

Steam-
water 

R12 water Steam/ 
water 

Steam/ 
water 

Local 
measurements 

α, Ai, δb, Fδ, 

Vlz, v’lz, Vbz 

 at Z/D = 8, 
55 & 155 

α, δb, Vbz, Fδ 

 
α, Ai, Tl, 

 Tw , δb,  

 Vbz,  

α, Vlz, v’lz, v’lx , 
Vbz, Tw, T’w, 

turbulent heat 
fluxes 

α, Ai, δb, Vbz 

at z/D=52.6 
+ visual 

 observations 

α, Ai, δb, 

 Vlz,, Vbz 

 

α, Ai, Tl, 

 Tw , δb,  

 Vbz, 

Vlz, v’lz 

Vlx, v’lx 
α 

φcrit 
φcrit 

 

 



17/23 XCFD4NRS september, 10 – 12, 2008,  Grenoble

Correspondence between data sources and basic 
phenomena for DNB investigations

Phenomena DEDALE DEBORA DEBORA 
Promoter 

AGATE 
(&AGATE-
promoter) 

ASU 
 

PURDUE 
boiling 

KAERI 
boiling 

TOPFLOW BFBT LWL 

Wall to fluid 
heat transfer 

 P   P P P P P P 

Bubbles 
transport & 
dispersion   

v V   V V V V V P 

Vaporization -
condensation  

 V   V V V V V P 

Coalescence 
& break up of 
bubbles 

V V   V V V V P P 

Turbulent 
Transfers of 
heat & 
momentum  

V V V V V V V V P P 

Effects of 
polydispersion  

 V      V P P 

Effects of 
grids 

  V V       

Combined 
effects in real 
geometry 

        BWR PWR 
WWER 

 

V: allows validation
P: the phenomenon is present (but does not allow separate effect validation)
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State of the Art in modeling boiling flow for DNB investigations

Identification of flow processes: 
Macroscale & Meso-scale phenomena are identified 
Micro-scale : the DNB mechanism(s) not yet identified

Basic model:
The 2-fluid model is OK (+polydispersion)

Averaging or filtering equations:
RANS is OK with
2-phase LES may help to modelling bubble dispersion

Identification of Local Interface structure:
Statistical description of bubbles with TIA + polydispersion (MUSIG, MSM)
Close to DNB, a criterion is necessary for identifying the steam layer appearance

Interfacial transfers: 
Some more effort required for both lift and turbulent dispersion forces. 
Interfacial energy transfers require a modelling of polydispersion effects

Turbulent transfers: 
The k-epsilon or SST method were used with some success
RST better in swirls behind grids.

Wall transfers:
Improvements of wall function for momentum obtained & validated on ASU tests 
Specific wall functions have to be developed for boiling flow for energy equations. 
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Two-Phase Pressurised
Thermal SHOCK

Scenarios leading to PTS
� During a LOCA, cold ECCS water is injected into 

the cold leg of a PWR
� Depending on the transient, the cold leg can be 

either single phase or in two-phase conditions.
� The ECCS water mixes with saturated water or 

exchanges heat with steam 
� Depending on the temperature, the cold leg and 

PV wall might be subjected to a thermal shock, 
which has to be withstood without brittle 
fracture risk. 

� For an ageing reactor more precision is required 
for the liquid temperature evolution during the 
SI injection in order to justify a greater life 
span of the vessel.

Why extension of CFD to two phase flow 
may bring real benefit ?

� System codes are only able to predict an 
average Tl while CFD predicts the minimum local 
temperature

� The coupling of system and CFD codes is 
required for a complete answer to the reactor 
case.

Main phenomena to be addressed by 
CFD:

• Condensation on the jet itself before mixing
• Turbulence production below the jet, in wall 

shear layers & in interfacial shear layer
• Effect of condensation upon interfacial 

structure and wave structure
• Effects of turbulent diffusion upon 

condensation
• Interfacial transfer of momentum , heat & 

mass with condensation
• Interface configuration in top of 

downcomer & flow separation or not in 
dowcomer at cold leg nozzle

• Heat transfers with cold leg and RPV walls
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Validation tests for two-phase PTS

Mixed effects : system effectsScale1/48 ReactorVROSA IV-LSTF 

Mixed effects in scaled geometrySteam-water
Scaled Cold Leg + downcomer

VTOPPFLOW-PTS

Validation on turbulence below a plunging jetAir-water
Cylindrical tank

VIGUCHI et al. data

Jet induced bubble entrainment below free surfaceAir-water
Cylindrical tank

VBONETO-LAHEY data:

Reactor geometryScale 1 ReactorV DUPTF-TRAM data

Condensation induced K-H instabilitySteam-water
Pipe

V DPMK condensation induced 
waterhammer

Condensation in scaled Cold leg geometrySteam-water
Scaled Cold Leg 

V DCOSI data

SET on condensation in stratified flowSteam-water
Rectangular channel

VLIM et al data

SET on condensation in stratified flowSteam-water
Rectangular channel

VLAOKOON data

SET on  density stratificationAir-water-salted water
Cold Leg- Donwcomer

VHYBISCUS

SET on interfacial transfers in stratified flow
with K-H instability

Air-water
Rectangular channel

VHAWAC 

SET on interfacial transfers in stratified flow
with K-H instability

Liquid-liquid
Rectangular box

VTHORPE experiment: KH 
instability

SET on momentum transfers at free surface
Turbulent transfers 

Air-water
Rectangular channel

VFABRE et al.  data: air/water flow 
in rectangular channel”

Capability to predict free surface movementsAir-water
Cylindrical tank

V DMASHEK Water sloshing

Main interest of simulationTypeValidation 
Demonstratio

n

EXPERIMENTS
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Correspondence between data sources and basic phenomena for 
PTS investigations

V
VFlow separation or not in dowcomer

P
PVHeat transfers with cold leg and 

RPV walls

P
Influence of NC gases

P
PV?PPPPPV?Effects of T° stratification

P
PV?PVInteractions between waves , 

turbulence & condensation

P
PV?PPPPPEffects of turbulent diffusion upon 

condensation

P
V?VTurbulence production in wall & 

interfacial shear layers

V
VPVVVheat & mass transfer at free 

surface

P
PPPPVVVVmomentum transfer at free surface

P
PPPPPPPPPVVPVFree surface movement

P
VVTurbulence production by the jet

P
VPvPEntrainment of bubbles 

P
VCondensation on the jet

P
Instabilities of jet

ROSATOPFLOWIGUC
HI

BONETOUPTFP
M
K

COSILIMLAOKOONHYBISCUS HAWACTHORPEFABREMASHEK PHENOMENA
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Proposed benchmarks

� Dry-Out: Jepson et al. Okawa et al. (2005) Fore et al. (2002) Wurtz
(1978) data to validate entrainment, deposition, drop size and film 
thickness

� DNB: 1 ASU test (velocity and turbulence) + 1 DEBORA test ( bubble 
diameter and size distribution)

� PTS: TOPFLOW (SET) and ROSA (IET)

� Pool HX: LINX test: bubble plume with recirculation cell and free 
surface

� Steam injection in a pool: GIRLS test (KAERI) : Velocity and turbulence 
measurements around the steam jet

� Fire analysis: ICMFP benchmark exercise # 3 (400-2300Watt, 
V=580m3 H=3.8m)
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Foundations of BPG

Some BPG taken from single phase CFD are applicable to 2-phase 
and will be reported
– Strategies to Reduce Numerical Errors
– Strategies to Reduce Model Errors 
– Strategies to Reduce User Errors (required expertise)
– Strategies to Reduce Software Errors (Verification tests)
– Strategies to Reduce Application Uncertainties

Some recommendations are based on the general methodology for 
applying two-phase CFD to NRS

And… most of the work has still to be done as long as 2-phase CFD 
will be developed assessed, applied
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 HOR: Horizontal Flow - Pipe Flow  
 HOR-01 : Modeling free surface flows relevant to a PTS scenario: comparison 

between experimental data and three RANS based CFD-codes. Comments on the 
CFD-experiment integration and Best Practice Guideline, by Y. Bartosiewicz, J.-M. 
Seynhaeve, C. Vallée, T. Höhne, J.M. Laviéville 

 HOR-02 : Nuclear Magnetic Resonance: a new tool for the validation of multi-phase 
multi-dimensional CFD codes, by H. Lemonnier 

 HOR-03 : Experimental investigation of stratification phenomena in horizontal two-
phase flows for CFD validation, by M. Marchand, M. Bottin, J.P. Berlandis, E. Hervieu 

 HOR-04 : Numerical modelling of direct contact condensation in transition from 
stratified to slug flow, by L. Štrubelj, I. Tiselj 

 HOR-05 : Experimental CCFD grade data for stratified two-phase flows, by C. Vallée, 
D. Lucas, M. Beyer, H. Pietruske, P. Schütz, H. Car 

 AC: Accident Analysis  
 AC-01 : Experiments and CFD-modelling of insulation debris transport phenomena in 

water flow, by E. Krepper, G. Cartland-Glover, A. Grahn, F.P. Weiss  
 AC-02 : Fluid-structure interaction analysis of Large-Break Loss of Coolant Accident, 

by T. Brandt, V. Lestinen, T. Toppila, J. Kähkönen, A. Timperi, T. Pättikangas, I. 
Karppinen 

 AC-03 : Simulation of a gas jet entering a failed steam generator during a SGTR 
sequence: validation of a FLUENT 6.2 model, by C. López del Prá, F. J. S. Velasco, L. E. 
Herranz 

 AC-04 : An approach to numerical simulation and analysis of molten corium 
coolability in a BWR lower head, by C. T. Tran, P. Kudinov and T. N. Dinh 

 AC-05 : Debris transport analysis related with GSI-191 in advanced Pressurized water 
reactor equipped with containment refuelling water storage tank, by Jeong Ik Lee, 
Soon Joon Hong, Jonguk Kim, Byung Chul Lee, Young Seok Bang, Deog Yeon Oh, and 
Byung Gil Huh 

 AC-06 : Data obtained at high coolant parameters suitable for validation of 3D 
models, by B.A. Gabaraev, E.K. Karasyov, O.Yu. Novoselsky, S.Z. Lutovinov, L.K. 
Tikhonenko, Ye.I. Trubkin, A.V. Shishov 

 PTS: Pressurized Thermal Shock - Direct Contact Condensation  
 PTS-01 : Status of a two-phase CFD approach to the PTS issue, by P. Coste, J. 

Pouvreau, J. Laviéville, M. Boucker 
 PTS-02 : FLUENT analysis of a ROSA cold leg stratification, by T. Farkas, I. Tóth 
 PTS-03 : CFD analysis of a turbulent jet behaviour induced by a steam jet discharge 

through a single hole in a subcooled water pool, by Hyung Seok Kang, Young-June 
Youn and Chul-Hwa Song 

 PTS-04 : PIV measurement of turbulent jet and pool mixing produced by a steam jet 
in a subcooled water pool, by Yeon Jun Choo, Chul Hwa Song and Young Jung Youn 
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 PTS-05 : On the modelling of bubble entrainment by impinging jets in CFD 
simulations, by M. Schmidtke, D. Lucas 

 PTS-06 : Validation of Direct Contact Condensation CFD models against condensation 
pool experiment, by V. Tanskanen, D. Lakehal, M. Puustinen 

 MIX: Mixing Issues  
 MIX-01 : Primary Loop Study of a VVER-1000 Reactor with special Focus on Coolant 

Mixing, by M. Böttcher 
 MIX-02 : Experimental studies and CFD calculations for buoyancy driven mixing 

phenomena, by M. J. da Silva, S. Thiele, T. Höhne, R. Vaibar, U. Hampel 
 MIX-03 : Experiments on slug mixing under natural circulation conditions at the 

ROCOM test facility using high resolution measurement technique and numerical 
modelling, by S. Kliem, T. Höhne, U. Rohde, F.-P. Weiss  

 MIX-04 : Verification and validation considerations regarding the qualification of 
numerical schemes for LES dilution problems, by F. Ducros, U. Bieder, O. Cioni, T. 
Fortin, B. Fournier, P. Quéméré 

 MIX-05 : CFD Study on Coolant Mixing in VVER-440 Fuel rod bundle and fuel 
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 MIX-06 : Fluid mixing at a T-junction, by H.-M. Prasser, A. Manera, B. Niceno, M. 
Simiano, B. Smith, C. Walker, R. Zboray 

 MIX-07 : Simulation of turbulent and thermal mixing in T-junctions using URANS and 
Scale-resolving turbulence models in ANSYS-CFX, by Th. Frank, M. Adlakha, C. Lifante, 
H.-M. Prasser, F. Menter 

 MIX-08 : Large Eddy Simulation of turbulent mixing in a T-junction, by A.K. Kuczaj, 
E.M.J. Komen 

 MIX-09 : Validation of CFD code ANSYS CFX against experiments with saline slug 
mixing performed at the Gidropress 4-loop WWER-1000 test facility, by M. Bykov, A. 
Moskalev, A. Shishov, O. Kudryavtsev, D. Posysaev 

 MIX-10 : Validation of CFD code ANSYS CFX against experiments with asymmetric 
saline injection performed at the Gidropress 4-loop WWER-1000 test facility , by M. 
Bykov, A. Moskalev, D. Posysaev, O. Kudryavtsev, A. Shishov 

 BOI: Boiling Flow, Bubbly Flow and Critical Heat Flux  
 BOI-01 : Benchmark database on the evolution of two-phase flows in a vertical pipe, 

by D. Lucas, M. Beyer, J. Kussin, P. Schütz 
 BOI-02 : Characteristics of local bubble parameters of subcooled boiling flow in an 

annulus, by B.J. Yun, B.U.Bae, W.M.Park, D.J.Euh, G.C.Park, C-.H. Song 
 BOI-03 : Wall-to-fluid heat transfer mechanisms in boiling flows, by B. Končar, B. 

Mavko 
 BOI-04 : Development of two-phase flow CFD code (EAGLE) with interfacial area 

transport equation for analysis of subcooled boiling flow, by B.U. Bae, B.J. Yun, H.Y. 
Yoon, G.C. Park, C.-H. Song 

 BOI-05 : A second order turbulence model based on a Reynolds Stress approach for 
two-phase boiling flow and application to fuel assembly analysis, by S. Mimouni, F. 
Archambeau, M. Boucker, J. Lavieville, C. Morel 

 BOI-06 : Void measurement in Boiling Water Reactor rod bundles using high 
resolution gamma ray Tomography, by A. Bieberle, D. Hoppe, C. Zippe, E. Schleicher, 
M. Tschofen, T. Suehnel, W. Zimmermann, U. Hampel 

 BOI-07 : CFD validation of film flows by novel high speed liquid film sensor with high 
spatial resolution, by M. Damsohn, H.-M. Prasser 

 BOI-08 : Ultra fast electron beam X-ray computed tomography for two-phase flow 
measurement, by F. Fischer, U. Hampel 
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Abstract 

This paper presents some results concerning a benchmark for stratified two-phase flows conducted in 

the frame of the European Platform for NUclear REactor SIMulations (NURESIM). This benchmark 

relies on the FZD slug flow experiment performed in the Horizontal Air/Water Channel (HAWAC). 

For this test bench, special experimental arrangements have been taken in order to be able to properly 

model the boundary and initial conditions with CFD. A picture sequence recorded with a high-speed 

camera was used as reference for comparison with the simulations. For this benchmark, three different 

codes have been tried out. CFX was used with a turbulent two-fluid model in which a special 

turbulence damping function was implemented in the specific dissipation rate of the turbulent kinetic 

energy. This allowed a good qualitative representation of the slug dynamics, even though quantitative 

comparison were less relevant because of difficulties in modelling the inlet instabilities. The VOF 

approach in its laminar and turbulent form was also tried out trough the FLUENT code and was found 

to be inappropriate for those conditions due to the high velocity slip between phases. Moreover, 

NEPTUNE_CFD was tested with a new implemented model allowing free surface location and the 

computation of momentum transfer across this interface. This Large Interface Model (LIM) enables to 

detect "stratified cells" from the other and hence to apply local closure law. With this model, the 

results agreed well with experimental data qualitatively and quantitatively. This benchmark experience 

also allowed to draw basis concerning a best practice guideline in numerical simulation related to 

those flows in nuclear thermal hydraulics. 

 

1. INTRODUCTION 

The European project NURESIM (Nuclear Reactor SIMulation) aims at developing and validating a 

numerical platform to model complex multiphase flows, relevant to nuclear reactor thermal hydraulics. 

In this way, the NEPTUNE_CFD code has been developed within the framework of the EDF-CEA co-

development project with the support of AREVA-NP and IRSN. One of the issues of NURESIM 

project is to set up relevant benchmarks in order to assess the code potentials for a variety of situations 

encountered in nuclear reactors. Among these situations, safety related flows are those that are more 

complex and of a great interest. One of the possible scenarios (Fig. 1) is cold water Emergency Core 

Cooling (ECC) into the cold leg during a Lost of Coolant Accident (LOCA). A relevant problem 

occurring in this situation is the development of wavy stratified flows which can lead to slug 

generation.  
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Fig. 1: Different flow situations during an ECC 

In order to focus the analysis on momentum transfer across the interface only, it may be relevant to 

study this kind of flows but without any mass and heat transfer between the phases. In a previous study 

(Bartosiewicz, 2008), a first benchmark was to set up in order to model instabilities in a stratified flow 

with small phase slip and low density difference, where surface tension was the key parameter. This 

test was based on the Thorpe experiment and allowed to implement a consistent surface tension model 

in a two-fluid approach. This model was satisfactorily validated and compared with available 

measurements and a VOF method. However, as numerical tools give access to a lot of quantitative 

values, some new experiments with modern techniques such as PIV or LDV would be necessary to go 

further in the analysis. Indeed, The Thorpe experiment dates from before the seventies. 

The present study aims also at focussing on stratified flow in an horizontal channel but in the case of 

higher slip between phases. In this case, the surface tension is not the most important phenomenon but 

the flow dynamics is primarily driven by friction momentum transfer trough the interface. 

The proposed benchmark relies on the HAWAC experiment (for Horizontal Air/Water Channel) 

performed at Forschungszentrum Dresden-Rossendorf (FZD). This experiment deals with wavy 

stratified flows and slug formation in a rectangular channel. This channel is 8 meters long (height x 

width = 100 x 30 mm). Special experimental arrangements have been taken in order to properly 

control the inlet boundary conditions of the water and air flows. The inlet device is designed for a 

completely separated injection of water and air into the channel which allows to be sure about flow-

rates and velocities at the entrance of the channel. Indeed a previous design where both streams were 

not separated raised some difficulties in terms of CFD-experiment boundary conditions. Four wire 

mesh filters have been mounted on both sides (water and air) of the inlet device. They aim at providing 

homogenous velocity profile at the test section inlet. Moreover, the filters produce a pressure drop 

attenuating the effect of the pressure surge created by slug flow on the fluid supply systems. This set 

of experiments can thus be considered as reference data for benchmarking of CFD tools.  

The slug flow experiment at a superficial water velocity of 1.0 m/s and a superficial air velocity of 5.0 

m/s has been chosen as the reference test for simulation with different CFD tools. According to the 

imposed inlet boundary conditions, 50 % of the inlet cross-section (lower part) is available for the 

water and 50 % (upper-part) is available for the air. Three different CFD tools have been investigated 

for this benchmark: 

� The ANSYS CFX tool has been investigated at Forschungszentrum Dresden-Rossendorf 

(FZD). The two-fluid model and the k-ω turbulent model were applied with a specific 

treatment at the interface.  

� The FLUENT tool has also been investigated to simulate this reference test. The VOF 

approach was chosen in the simulation. Different viscous models and grids were tested until 

full convergence was reached: laminar, k-ε, k- ω , k-ω SST.  
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� The NEPTUNE_CFD 1.0.7 (last version) has also been used to simulate this slug flow 

experiment. In this version of NEPTUNE_CFD, a new model based on Large Interface (LI) 

recognition were recently developed and implemented in the code (Coste, 2007). It is 

dedicated to the computation of the interface momentum exchange between the phases for 

stratified flow with large interface curvature. 

2. THE HORIZONTAL AIR/WATER CHANNEL (HAWAC) 

Experiments were carried out at the Horizontal Air/Water Channel (Fig. 2), which is devoted to co-

current flow experiments. A special inlet device provides defined inlet boundary conditions by a 

separate injection of water and air into the test-section. The test-section is 8 m long and its cross-

section dimensions are 100 x 30 mm² (height x width). Therefore, the length-to-height ratio L/H is 80. 

 

 
Fig. 2: Schematic view of the horizontal air/water channel (HAWAC) 

 

The inlet device (Fig. 3) is designed for a separate injection of water and air into the channel. The air 

flows through the upper part and the water through the lower part of this device. Because the inlet 

geometry produces perturbations in the flow (bends, transition from pipes to rectangular cross-

section), 4 wire mesh filters are mounted in each part of the inlet device. The filters are made of 

stainless steel wires with a diameter of 0.63 mm and have a mesh size of 1.06 mm. They aim at 

providing homogenous velocity profiles at the test-section inlet. Moreover, the filters produce a 

pressure drop that attenuate the effect of the pressure surge created by slug flow on the fluid supply 

systems. Air and water come in contact at the final edge of a 500 mm long blade that divides both 

phases downstream of the filter segment. The free inlet cross-section for each phase can be controlled 

by inclining this blade up and down. Both, filters and inclinable blade, provide well-defined inlet 

boundary conditions for the CFD model and therefore offer very good validation possibilities. 

 

 
Fig. 3: The inlet device 
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The water flow rate is measured with a paddle-wheel flow transmitter and is adjusted via the 

frequency inverter of the pump motor. The air flow rate is measured and controlled with the thermal 

mass flow meters of the TOPFLOW-facility. These are mounted in parallel in order to ensure a high 

precision over a large measuring range. The flow rates are measured with an accuracy of ±0,2 l/s for 

the water and ±1,5% for the air. The maximum superficial velocities achieved in the test-section are 

2 m/s for the water and 8 m/s for the air. 

 

3. OPTICAL MEASUREMENT 

The presented experiment was focused on the generation of slug flow. It was performed at following 

superficial velocities in the test-section: JL = 1.0 m/s for the water flow (i.e. 3.0 L/s) and JG = 5.0 m/s 

for the air flow (i.e. 15.0 L/s). Furthermore, the inlet blade was horizontal and therefore the cross-

section opening at vertex of the inlet blade was 50 mm for each phase. Due to the rectangular cross-

section, the flow can be observed very well from the side of the duct. Optical measurements were 

performed at the channel inlet with a high-speed video camera at 400 frames per second. As an 

example, the following picture sequence (Fig. 4) shows the generation of a slug over the first 3.2 m of 

the test-section (zero mark corresponds to the end of the inlet blade). 

 

 

 
0.0  0.5 1.0 1.5 2.0 2.5  3.0    [m]

Fig. 4: Measured picture sequence at JL = 1.0 m/s and JG = 5.0 m/s with ∆t = 50 ms 

 

The camera pictures show that the inlet blade properly defines the water level: directly after the inlet, 

the flow is stratified. However, the interface is slightly wavy, due to the supercritical flow conditions 

imposed at the inlet. In fact, the Froude number Fr at the inlet cross-section is greater than unity: 

 

 

Fr =
&V

W ⋅h
⋅ 1

g ⋅h
= 2.86   (1) 

 

where V&  is the volume flow rate, W the channel width, h the water level and g the gravitational 

acceleration. 

 

One of the small waves generated at the inlet grows rapidly downstream of 1.0 m and develops into a 

slug with closing of the cross-section at about 1.5 m. This slug travels along the channel faster than 

waves, catching some up and merging with them. At the slug front, an important droplet entrainment is 

visible which is driven by the air flow through the gap on top of the slug. Furthermore, apart from the 
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slug, a sensible decrease of the water level was observed between 1.5 and 2.5 m. This shows an 

acceleration of the water flow, which can be attributed to the momentum exchange between the 

phases. 

 

4. SLUG FLOW MODELING WITH ANSYS-CFX (FZD) 

4.1 Main characteristics of the simulation 

The channel with rectangular cross-section was modelled using ANSYS-CFX (2007). The three 

dimensional model dimensions are 8000 x 100 x 30 mm³ (length x height x width, see Fig. 5-a). The 

grid consists of 1.2x10
5
 hexahedral elements. Accordingly to the experimental boundary conditions 

(horizontal inlet blade), the model inlet was divided into two parts: in the lower 50% of the inlet cross-

section, water was injected and in the upper 50% air. An initial water level of y0 = 50 mm was 

assumed for the entire model length (Fig. 5-b). 

 

  
a. Fluid domain (channel) b. Air volume fraction, initial state (Zoom) 

Fig. 5: Model and initial conditions of the mass fractions 

 

In the simulation, both phases have been treated as isothermal and incompressible, at 25°C and at a 

reference pressure of 1 bar. A hydrostatic pressure was assumed for the liquid phase. Buoyancy effects 

between the two phases are taken into account by the directed gravity term. At the inlet, the turbulence 

properties were set using the “Medium intensity and Eddy viscosity ratio” option of the flow solver. 

This is equivalent to a turbulence intensity of 5% in both phases. The inner surface of the channel 

walls has been defined as hydraulically smooth with a non-slip boundary condition applied to both 

gaseous and liquid phases. The channel outlet was modelled with a pressure controlled outlet boundary 

condition. 

 

4.2 Modeling of the interface 

As it was the goal of the CFD calculation to induce surface instabilities, which are later generating 

waves and slugs, the interfacial momentum exchange and also the turbulence parameters had to be 

modelled correctly. Without any special treatment of the free surface, the high velocity gradients at the 

free surface, especially in the gaseous phase, generate too high turbulence throughout the two-phase 

flow when using the differential eddy viscosity models like the k-ε or the k-ω model (ANSYS, 2007). 

Therefore, certain damping of turbulence is necessary in the interfacial area because the mesh is too 

coarse to resolve the velocity gradient in the gas at the interface. On the gas side of the smooth free 

surface, this damping should be similar to that used near a solid wall. Moreover, on the liquid side the 

advanced model should take the anisotropy between the normal and the tangential Reynolds stresses 

into account. Yegorov (2004) proposed a simple grid dependent symmetric damping procedure. This 

procedure provides for the solid wall-like damping of turbulence in both gas and liquid phases. It is 

based on the standard ω-equation, formulated by Wilcox (1994) as follows: 
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∂
∂t

ρ ⋅ω( )+ ∇ ⋅ ρ ⋅U ⋅ω( )= α ⋅ ρ ⋅ω
k

⋅τ t ⋅ &S − β ⋅ρ ⋅ω 2 + ∇ µ + σω ⋅ µt( )⋅∇ω   (2) 

 

where α = 0.52 and β = 0.075 are the k-ω model closure coefficients of the generation and the 

destruction terms in the ω-equation, σω = 0.5 is the inverse of the turbulent Prandtl number for ω, τt is 

the Reynolds stress tensor, and S&  is the strain-rate tensor. 
 

In order to mimic the turbulence damping near the free surface, Yegorov (2004) introduced the 

following source term in the right hand side of the gas and liquid phase ω-equations (2): 

 

A ⋅∆y ⋅β ⋅ ρi B ⋅ 6 ⋅ µi

β ⋅ ρi ⋅ ∆n2








2

  (3) 

 

Here A is the interface area density, ∆n is the typical grid cell size across the interface, ρi and µi are the 

density and viscosity of the phase i. The factor A activates this source term only at the free surface, 

where it cancels the standard ω-destruction term of the ω-equation −ri ⋅β ⋅ ρi ⋅ω i

2( ) and enforces the 
required high value of ωi and thus the turbulence damping. 

 

The parallel transient calculation of 15.0 s of simulation time on 4 CPU took 20 days. A high-

resolution discretization scheme was used. For time integration, the fully implicit second order 

backward Euler method was applied with a constant time step of dt = 0.001 s and a maximum of 15 

coefficient loops. A convergence in terms of the RMS values of the residuals to be less then 10
-4
 could 

be assured most of the time. 

 

4.3 Results with ANSYS-CFX 

In the following picture sequence (Fig. 6), the calculated phase distribution during slug generation is 

visualized. The first slug develops spontaneously at approximately t = 16.65 s after the beginning of 

the simulation, induced by instabilities. The simulated sequence shows that the qualitative behaviour 

of the creation and propagation of the slug is similar to the experiment (Fig. 4). The single effects 

leading to slug flow that can be simulated are: 

 

 •  Instabilities and small waves are generated by the interfacial momentum transfer randomly. As 

 a result bigger waves are generated. 

 •  Bigger waves roll over and can close the channel cross-section. In this case, an important two-

 phase mixture is produced at the slug front. 

 •  The slug can catch up waves and merge with them. 

 •  A sensible decrease of the water level appears downstream of the region where slugs are 

 generated. 

 

However, a detailed comparison shows quantitative deviations between simulation and measurement. 

The needed entrance length for slug generation was defined as the length between the inlet and the 

location nearest the inlet where a wave closes nearly the entire cross-section. This was observed at 

about 1.5 m in the experiment and 3.5 m in the calculation. 

 

These quantitative differences can be explained with the flow regimes observed at the test-section 

inlet. In fact, the flow pattern has an important influence on the momentum exchange between gas and 

liquid, especially at high velocity differences between the phases. Small disturbances of the interface 

provide a more efficient momentum transfer from the air to the water than in a stratified smooth flow. 

A high momentum transfer induces a rapid wave growth and therefore slug generation. In this case, a 

smooth interface was obtained over the 3 first meters in the simulation, whereas in the experiment 

supercritical flow waves were observed from the inlet of the channel. This means that the boundary 

conditions chosen for the CFD model do not reproduce the small disturbances observed in the 
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experiment. In the end, a quite long channel length is needed before waves appear spontaneously in 

the simulation, deferring accordingly the instable wave growth to slugs downstream of the 3 m mark. 

 

Finally, the quantitative differences noticed between simulation and experiment concern in particular 

the inlet boundary conditions. Because these have an important influence on the generation of the two-

phase flow, future work should focus on the proper modelling of the small instabilities observed at the 

channel inlet. 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 6: Calculated picture sequence at JL = 1.0 m/s and JG = 5.0 m/s  

(depicted part of the channel: 4.58m to 6.48m m after the inlet) 

 

5. SLUG FLOW MODELING WITH FLUENT 

The FLUENT CFD tool has also been investigated to simulate the HAWAC test at UCL. The VOF 

method was tried out for the simulation, as it provided good results for instabilities in free surface flow 

in a previous study (Bartosiewicz, 2008). The grid convergence was assessed in the same manner than 

in Bartosiewicz et al. (2008). Different viscous models were tested but without success: laminar, k-ε, , 

k- ω , k-ω SST, etc. No slug formation was observed in the simulations, but the interface remained 

smooth for all the transient. This was not attributed to an artificial high diffusion since it was even 

observed with a laminar model and second order central difference scheme. 

The invoked reason is mainly that the VOF model is basically not able to simulate stratified flow with 

high slip between the phases at the interface, which is the case for the slug flow experiment chosen 

here. In fact, the slip between the phases is approximately equal to 8 m/s for the envisaged test. This 

fact raises an important issue in terms of best practice guide line. Indeed, for moderate slip and when 

surface tension may play an important role, it was shown that VOF approach is quite efficient and 

cheap. However, when phase slip becomes important, it seems that VOF is phased out. Consequently, 

it could be interesting to know this threshold in terms of slip and then to compare both approaches 

(VOF, multi-field) over a large range of conditions to determine it. 
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6. SLUG FLOW MODELING WITH NEPTUNE_CFD 

6.1 Main characteristic of the simulation 

The NEPTUNE_CFD 1.0.7 (last version) has also been used to simulate the HAWAC slug flow 

experiment. In the NEPTUNE code, the general compressible Eulerian multi-field balance equations 

are solved. In the case of two components, and for an isothermal, flow this two-field formulation is 

actually the classical two-fluid model and can be written for the field k : 
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Consequently, NEPTUNE solves a complete set of equation for each phase ( 1k −  for the continuity) 

while VOF method solves a momentum equation for the mixture. The turbulence is computed with 

classical k-ε model applied for each phase. This is an extension to multi-phase flows of the classical 

model widely used in single-phase flows. 

A 2D grid was chosen to simulate the slug flow experiment of HAWAC. The computation domain 

extends up to 4 m, so the whole channel length is not modeled. The grid was relatively refined in the 

height (120 cells over 100 mm) which leads to 252.000 cells after  grid convergence study. In order to 

develop correct velocity and turbulence profiles, the inlet is divided in two equivalent sections, and the 

two fluids join beyond 0.5m. The initial water level is 50 mm and the outlet condition is the 

hydrostatic pressure. The transient calculation uses an adaptative time step based on a maximum 

courant number equal to 1, which leads to a mean time step of 0.12ms; the total cost of the parallel 

simulation is about 60 h cpu on 64 processors, for a physical simulation of 10 s.  

6.2 Modeling of the interface 

For modelling the momentum transfer trough the interface, a dedicated Large Interface Model ( LIM) 

was developed (Coste, 2007). This method directly allows for the location of the free surface, without 

any reconstruction method and takes into account momentum and turbulence exchanges between 

phases. The first step is to locate the Large Interface (LI). For this a refined gradient method is used on 

the liquid fraction. The refined gradient method is based on an interpolation of harmonic and anti-

harmonic values. Then by comparing the three components of this refined gradient (Coste, 2007; 

Coste, 2008) to the maximum surface contained in the cell, which is only dependant on cell geometry, 

the single cells containing the interface are located. This method allows to detect "stratified cells" from 

the others. Since the interface is larger than the cell size and gas and liquid velocities are required to 

the closure, neighbouring gas and liquid cells are associated to this interface on each side to build the 

three-cell LI. These neighbouring cells are chosen in the direction given by the gradient of liquid 

volume fraction. Inside this three-cell layer, gas and liquid velocities are used to calculate the velocity 

of the interface and the momentum exchange by using a classical wall-function approach. In non 
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"stratified cells" and in the direction normal to the interface, a SIMMER-like isotropic drag force is 

applied (Coste 2004). 

The model has been implemented in the NEPTUNE_CFD code and validated on several 

configurations including mass and energy exchanges in water-steam flows (Coste, 2008). 

 

6.3 Result of the simulation with NEPTUNE_CFD 

The calculated phase contours during the slug generation is given Fig. 7 for different times of the 

transient. The first slug is created at approximately between t = 1.5 s and t =1.6 s after the beginning of 

the simulation, which is much earlier than observed in the ANSYS CFX simulation. In addition, the 

location of the slug, where the whole cross section is closed by the water wave, is in good accordance 

with the experimental observations. This location is about 2 meters from the domain inlet or 1.5 

meters from the end of the blade. In addition, the water level decrease is well represented as shown 

experimentally Fig. 4. Moreover, it appears that the computed slug velocity is roughly the same than 

that observed Fig. 4, e.g. about 5 m/s. 

 

It is interesting to check that the slug formation is induced an instability or a perturbation appearing 

dowstream the blade which separate the water and the air flows. Fig. 8 gives a zoom of the interface 

which clearly shows the instability propagation during the time leading to the slug formation. It is 

believed that this perturbation is induced from the blade lip. The involved wave has a crest oriented in 

a counter current way and it is also visible during the first snapshots Fig. 7. However at t = 1.45 s the 

wave crest is turning back toward the flow direction, giving rise to the slug. This assumption could 

explain the reason why there is no significant growing of instabilities from the inlet in the CFX 

simulations where the blade is not included in the simulations. This fact could then induce a delay in 

the apparition of the slug. 

 
 1.30 s
1.35 s
1.40 s
1.45 s
1.50 s
1.55 s
1.60 s
1.65 s

1.70 s
1.75 s
1.80 s
1.85 s

 
Fig. 7: Phase contours calculated with NEPTUNE_CFD at JL = 1.0 m/s and JG = 5.0 m/s  

 

Inclinable blade

Interface instability

 

Fig. 8: Interface instability predicted by NEPTUNE_CFD at JL = 1.0 m/s and JG = 5.0 m/s  
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7. CONCLUSIONS: COMMENTS ON CFD-EXPERIMENT INTEGRATION 

In a process of CFD and experimental validation, the most important and difficult issue is the 

matching of boundary and initial conditions, providing geometric conditions are perfectly matched. 

This requires not classical experimental stands but "CFD-grade" test benches, where special cares are 

taken in order to satisfy and control as far as possible this constraint. Even though this issue is 

satisfactorily addressed, it does not mean a successful validation. Indeed, the measurement should be 

taken with relevant quantities and at relevant locations according to the computational domain which 

will be further modeled. Those criteria are even more difficult to achieve if different computations and 

experimental tests are performed in different institutions as it is the case in this study. These points 

raise some crucial questions in such scientific collaborations where the coordination of the research in 

this CFD-experiment integration process is a key point. Therefore, through such experience, it is 

obvious that a general best practice guideline should be set up and scrupulously followed by both 

people involved in CFD and experiments. From our experience about the modeling of instabilities in 

stratified flows (Bartosiewicz, 2008; Vallée, 2008), some thoughts can be drawn: 

• It is important that the design step of the experimental stand should be performed from the 

beginning by both people involved in experiments and in CFD in order to guaranty a simple 

stand, but with conditions and measured quantities matching those in the numerical model. For 

instance previous works showed how it was more difficult to perform some validation studies 

when experimental data come from a other study and long ago (Bartosiewicz, 2008). Also, the 

present analysis was firstly performed with a different stand where there was not a separating 

blade. In this case, the instability was initiated by a pump surge and boundary conditions for 

both stream was difficult to control separately, providing a very difficult task for CFD 

validation. 

• The experimental stand has to be simple, providing access to both quantitative and qualitative 

values. Also, boundary and initial conditions should be controlled and known with a minimum 

uncertainty. In this study special cares are taken to fulfil those criteria. The blade separating 

both stream allows to know and control separately both flow conditions, and it is able to easily 

implement in the CFD model as it was found to play a key role in the generation of the 

instability. However, in this kind of flows, it is more difficult to fix the issue of outlet 

conditions. A solution was to put a long channel to limit end effects and to model a part of the 

channel with appropriate outlet conditions. A last but not least issue is the initial conditions. In 

our case, it is impossible to match experimental and CFD initial conditions. Consequently, it is 

not possible to compare results at a given absolute time. In this first preliminary study, 

validation dealt more on qualitative and relative parameters such as flow pattern, location and 

average velocity of the slug, etc… In the future, a deeper analysis should consist in comparing 

spectral information as it was performed in Bartosiewicz and Seynhaeve (2008). 

• From the CFD point of view the convergence and the accuracy of simulations have to be 

assessed. The question about the relevance of a 3D or 2D calculation should be raised. As its 

was shown in this work, a 3D model may be not necessary in a first step. Indeed, the square 

experimental channel enable to limit 3D effects; in addition in a RANS strategy, we are not 

able to track some transverse secondary instabilities at small scales. As 2D calculations 

performed with NEPTUNE_CFD are encouraging, a deeper analysis in 2D should be then 

firstly performed. The grid convergence is also of primary importance. Normally, several grids 

should be tested and a control parameter at a key location should be chosen and plotted for 

those different grids until no variation is observed. However, in this particular case, the best 

way to choose the right grid should be based on spectral information in the flow dynamic (slug 

formation): for instance, as performed in (Bartosiewicz, 2008) the spectral analysis of the 

interface could be used to control the most amplified mode. In addition, the choice of the 

physical model should be also carefully chosen and justified. For instance in the case of 

stratified flows the use of VOF methods should be assessed according to the slip. For two-

fluid models special cares have to be taken for the modeling of surface tension effects 

(Bartosiewicz, 2008) or momentum transfer to the interface. However, for those issues, 

encouraging models were recently developed an applied satisfactorily (Bartosiewicz, 2008, 

Coste, 2007, 2008) in the NEPTUNE-CFD platform. Moreover, in finite volume approach, 
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special discretization should be second order (central difference or bounded central difference) 

as far as possible to avoid additional numerical diffusion, and calculations should assess local 

residual convergence but also global conservation. Finally, the issue of turbulence modeling, 

especially in RANS, where different models should be investigated and compared to 

measurements and/or proper DNS calculations. 

 

In regard of these different points, that are far to be exhaustive, the process of CFD-experiment 

integration is a difficult and long task if seriously conducted. This task becomes even more difficult if 

different parts are achieved in different institutions: in this case the coordination of the research 

becomes the limiting factor. However, base on our experience, if a rigorous best practice guideline is 

set up from the beginning within such consortium, we believe that such a collaborative research could 

success in this process of CFD-experiment integration. 
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NOMENCLATURE 

Sign  Unit  Denomination 

A   m
-1
  interfacial area density 

B   -  model parameter (damping of turbulent diffusion) 

Fr   -  Froude number 

g   m/s²  gravitational acceleration 

h   m  water level 

H   m  channel height 

J   m/s  superficial velocity 

k   J/kg  turbulent kinetic energy 

L   m  channel length 

S&    s
-1
  strain-rate tensor 

t   s  time 

U   m/s  velocity 

V&    m³/s  volume flow rate 

W   m  channel width 

z   m  z coordinate (channel length) 

 

α   -  k-ω model closure coefficient of the generation term 

β   -  k-ω model closure coefficient of the destruction term 

∆n   -  typical grid cell size across the interface 

ρ   kg/m³  fluid density 

σω   -  inverse of the turbulent Prandtl number for ω 

τt   N/m²  Reynolds stress tensor 

µ   kg.m
-1
.s

-1
 viscosity 

ω   s
-1
  specific dissipation 
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Indexes and abbreviations 

G   index for gaseous phase 

HAWAC Horizontal Air/Water Channel of FZD 

L   index for liquid phase 

TOPFLOW Transient Two Phase Flow test facility of FZD 
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Abstract

Turbulent transport models and data in bubbly flows are briefly reviewed since they play an important role
in the modeling of boiling flows in forced convection. Shortcomings of earlier measurements of the eddy
diffusivity by NMR (Lemonnier & Leblond, 2007b) are analyzed and a new procedure is presented which
is now consistent with the procedure ofGatenby & Gore(1994) developed for single-phase turbulent flow
characterization. The new estimate agrees with those obtained bySerizawaet al. (1975b) with a thermal
method and with the model ofSato & Sadatomi(1981). This procedure also provides the liquid velocity
fluctuation RMS and the Lagrangian correlation time of velocity fluctuations. In addition, the same
NMR technique provides also the area-averaged liquid velocity and void fraction. Bubbly flow data up
to transition to slug flow are provided which also agree with exiting drift-flux models (Ishii & Hibiki ,
2006). It is finally discussed how the NMR method can be extended to local measurements and may
provide a fully non intrusive diagnostic in two-phase flows and which is not limited to bubbly flow.

1 INTRODUCTION

It is believed that our understanding in many key issues of nuclear safety will no longer make any
progress unlessvalidatedmodels are available. To quote only a few of them, PTS and convective boiling
phenomena are two two-phase flow situations with heat transfer and phase change where turbulence
plays a significant role and therefore should be modeled accurately.

Despite of the continuous growth of computing power, the progress of the development of two-phase
turbulent transport models is still limited by our inability to determine experimentally the various
quantities that appear in the closure relationships. Futhermore, many two-phase CFD approaches are
no longer based on time- or ensemble-averaged quantities but on more complex time-space filtered
quantities that are beyond the reach of local probe methods. It seems that NMR may provide a new
insight into this field and it is the purpose of this paper to introduce this new field of research and to
show how the modeling of two-phase turbulent transport phenomena can benefit from this technique.

NMR is a well known diagnostic tool in solid and liquid state physics as well as in chemical analysis.
Its technological development has been boosted by its routine application to medical imaging and
turn-key systems are now available that can also be applied to flow studies. Flow imaging is a routine
diagnostic in medicine It is already possible to measurein vivo arterial blood flow rates, to determine
the turbulent or laminar nature of blood flow and these techniques have been developed on dedicated
experiments on pipe flows. Since two-phase flow occurs very seldom in biological fluids, the extension
of these tools to two-phase gas-liquid or liquid-vapor flows have not been studied in detail. However,
application to complex fluids rheology such as concrete and other multiphase dispersed media has been
already attempted successfully. For a short review see for exampleFukushima(1999).

In NMR, the fluid can be tagged by using its ability to be magnetized by applying a magnetic field.
By using various auxiliary coils, it is possible to encode the magnetization with the fluid displacement
or velocity and eventually get the probability distribution of the displacements or the velocities in the
measuring volume. Moreover, the measuring volume can be shaped on purpose from a pipe length to a
thin cross-sectional slice. The sensitivity within the probed volume can also be selected from the hard-
ware only and can therefore be accurately controlled. By combining several of these one-dimensional
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slicing techniques, it is possible to localize the measuring volume to any location within the flow and
get space-filtered quantities that are usually involved in LES-like single- or two-phase flow models. For
a review of basis principles of NMR see for exampleCallaghan(1991), Rodriguez(2004).

In this paper we will detail simultaneous measurements of the liquid mean velocity and void fraction
in air-water two-phase pipe flows. It will be shown that in addition to the mean values, fluctuations can
also be characterized. Since NMR is a purely Lagrangian method, dispersion can also be characterized
directly and it will be shown that the turbulent eddy viscosity as well as the RMS of the velocity fluc-
tuations can both be determined from the NMR signal. A very interesting by-product of the analysis is
the Lagrangian integral scale that can also be deduced from the measurements. Most turbulent transport
models are based on the eddy viscosity approach: NMR provide a direct determination of this param-
eter together with the time scale beyond which the diffusion limit of the turbulent mixing process is
reached. Finally, it will be shown how selection (slicing) techniques can improve the space resolution of
the measurement from the pipe cross section (presented here) to a small volume, leading to the possible
development of a local diagnostic tool for two-phase flows.

2 MULTIDIMENSIONAL MODELING OF BOILING FLOW

There seems to exist a kind of general agreement on the form of local time-averaged equations that
describe two-phase boiling flows (Delhayeet al. , 1981, Bergleset al. , 1981, Kataoka, 1986). There
is also some agreement on the the decomposition of each variable into a mean value and its fluctuation
(Kataoka & Serizawa, 1989, Ishii & Hibiki , 2006). However, boiling flow models differ mainly by their
closure assumptions relative to,

• Wall related phenomena

• Turbulent transport in the bulk

• Interphase fluxes in the bulk

To quote one among other similar studies, the enthalpy equation of the Neptune code is reproduced only
here for the sake of discussion, since the momentum equation has a similar structure (Mimouni et al. ,
2008),
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whereα is the phase time fraction,h is the enthalpy,v is the phase velocity,ρ is the density,p is the
pressure,g is he specific gravity,Γ is the rate of phase production,q” is the heat flux at the interface and
q, resp.qT are the molecular heat flux and the turbulent heat flux andAi is the interfacial area. The index
k is relative to the phase andi to the values at the interfaces. Each phase variable is time- or weight and
time-averaged as defined byIshii & Hibiki (2006). We do not discuss here the various approximations
leading to this equation but rather the modeling of the two main sources terms of the equation for the
liquid phase:

• qT
L : the turbulent heat flux

• q”LiAi : the heat transfer at the interface

Turbulent momentum and heat transfer are usually modeled by a diffusion approach through an
overall diffusivity coefficient decomposed according the initial scheme ofSato & Sadatomi(1981) in a
contribution from shear induced turbulence and another from the bubble induced turbulence. Though it
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is not detailed in general, analogy between heat and momentum transfer is assumed and both momentum
and heat diffusivities are equal or proportional.

The heat transfer rate at the interface is modeled by known results on heat transfer on individual
bubbles or drops. The temperature difference driving the transfer being the local subcooling or
superheating of the liquid phase.

When subcooled boiling is analyzed with this model and a cup shaped liquid temperature profile
is considered, at some distance from the wall, the saturation temperature is reached dividing the flow
in a superheated region close to the wall where evaporation should occur and the subcooled bulk of
liquid where condensation is expected. Clearly the interfacial heat transfer is a mechanism that must
flatten the temperature profile towards thermodynamic equilibrium: superheated liquid provides heat
to the interface, evaporation occurs and cooling results. On the other hand, subcooled liquid withdraw
heat from interfaces and condensation occurs; as a result heat is released to the liquid. Turbulence acts
in the same way since large temperature gradients increase the turbulent heat flux from the wall to
the bulk. As a result, the flattening of the temperature profile is also expected from this latter mechanism.

It seems reasonable to think that with the knowledge of both the void fraction, temperature and
velocity profiles for various inlet subcooling conditions, the contribution of each mechanism can be
separated by using an extension of the analysis ofSatoet al. (1981). Liquid velocity measurements in
boiling flows being extremely scarce, it is difficult to directly assess even the order of magnitude of the
turbulent shear stress or eddy diffusivity in the bulk. That is particularly unfortunate and large errors can
be expected when trying to identify the respective contribution of turbulent heat flux and interfacial heat
flux since both mechanisms act the same way: a defect in turbulent heat flux may be compensated by an
excess of interfacial heat transfer.

It is therefore important to get an alternate access to the turbulent transport phenomena in order to
allow a fair separation between the competing mechanisms.

3 EARLIER TURBULENT DISPERSION STUDIES

An indirect determination of the turbulent eddy viscosity in non vanishing void fraction conditions has
been proposed bySato & Sadatomi(1981). They analyzed different experiments in bubbly flow where
both the void fraction and the liquid velocity profiles where known. By assuming the independency
of shear stress and bubble induced fluctuations, they modeled separately these effects. Shear induced
turbulence is modeled from known profiles of mixing length in single-phase pipe flow whereas bubble
induced turbulence is assumed to be proportional to the bubble relative velocity, bubble diameter and
void fraction. This was justified by an analogy with molecular mixing detailed in an earlier work (Sato
& Sekoguchi, 1975).

Both mechanisms are damped down in the vicinity of the wall according to Van Driest suggestion
(Sato & Sadatomi, 1981, eqs. 20 and 21). The shear stress definition together with the known value of
the wall shear stress, provides an ODE in the liquid velocity, the profile of which can be derived. By
fitting the constant in bubble induced eddy diffusivity, the following local estimate is obtained for the
bubble induced diffusivity,νTP,

νTP = 1.2α
dB

2
UB, (2)

wheredB is a mean bubble diameter,UB is the bubble relative velocity and the constant 1.2 is the best
fit value obtained from the existing data and represent only a slight correction (+20%) to the analytical
estimate of (Sato & Sekoguchi, 1975). Note that a similar approach is developed bySato & Sadatomi
(1981) for predicting temperature profiles in vertical bubbly flow under constant heat flux conditions.
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MOMENTUM AND HEAT TRANS FER lN TWO PHASE BUBBLE FLOW-II
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Figure 4. Distribution of f10w parameters in a typical bubble f1ow: results for the liquid velo 
city Uv shear
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UL for Case 2. Eh and d are defined as

Eh = (1- a)(vL + t + EIf)/VL

E~ = (1- a)(vL + t)/VL'

185

(16)

(17)

The experimental values for void fraction a and liquid velocity UL are presented by the dashed
curve and the open circ1es, respectively. The abscissa of figure 4(a) is distance from the wall y
marked with equal division, while that of figure 4(b) is the dimensionless distance y+ graduated
by logarithm in order to show the trends in the wall region more clearly.

As seen from the figures, the total coeffcient of diffusivity Eh depends on the local void
fraction. And, in thìs flow the difference between Eh and E~ is significant, whieh presents the
contribution of bubble agitation. It appears that such effect of bubble agitation becomes dominant
at a low liquid flow rate, because decreasing values of the liquid Reynolds number, ReL =
iLD/(1- â)VL, correspond to decreasing values of El and, on the other hand, ReL has litte effect onElf. (ÍL is the volumetric flux density of the volumetrie flux density of the liquid phase.)

The shape of void fraction profile influences the shear stress distribution. ln a case where a
void fraction profile has a peak near the pipe wall such as this example, the local shear stress
does not decrease monotonously in its value toward the pipe center, but has a peak adjacent to
the wall as seen in figure 4(a). Then such local shear stress T*, together with Eh, determines the -
liquid velocity gradient.

The well-known logarithmic velocity distribution,

UL+ = 5.75 log y+ + 5.5 , (18)

Figure 1: (a) Distribution of the non dimensional shear induced diffusivity,ε∗t , two-phase diffusivity,ε∗TP, void fractionα and
liquid velocity,ul after (Satoet al. , 1981, fig. 4). In subfigure (b), velocity and distance from the wall,y are expressed in wall
units. Bubbly flow,JL = 0.5 m/s,JG = 0.105 m/s,P = 1.31 bar,<| α>| 2 = 0.131,D = 26 mm,bB = 4, 8 mm.

The temperature profile is predicted from the turbulent heat flux definition and the known value of the
wall heat flux.

It is remarkable to note that predicted distribution of the turbulent diffusivity is rather flat in the
bulk and that both the shear induced and bubble induced turbulent diffusivity are (i) much larger
than the molecular diffusivity (ε∗ = ν/νL) and (ii) for void fraction as small as 10%, the bubble
induced turbulence is the predominant effect. This also suggests that bubble induced turbulent is rather
homogenous in bubbly flow which was later confirmed by the direct measurement of liquid velocity
fluctuations (Liu & Bankoff, 1993, Grosset̂ete, 1995) .

Serizawaet al. (1975b) studied experimentally the thermal mixing and bubble dispersion in bubbly
flow by using two original approaches : the analysis of the thermal wake of a thin heated rod and the
distribution of helium in gas bubbles downstream a point source.

By assuming that the liquid is tagged with the temperature, the temperature distribution is a direct
measure of the Lagrangian displacement of the liquid. Space to time conversion is done assuming a
constant mean liquid velocity in the bulk of the liquid and the RMS of the mean lateral displacement[X2]
at time∆ is obtained from the second order moment of the temperature distribution. These authors refer
to earlier work by Hinze based on the seminal study byTaylor (1921, Eq. 23) which relates the variance
of the lateral displacements to the liquid velocity fluctuations RMS by,

[X2] = 2[u2](T0∆− T2
0(1− exp(−∆/T0))) (3)

whereT0 is the Lagrangian time scale of turbulence, defined from the velocity Lagrangian correlation
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Figure 2. Displacement variance vs diffusion time for heat.

Experimental procedures and the relating technique have been already mentioned in the first
paper of this series.t

Typical experimental results appear in figures 1 and 2 showing respectively, the fiuid
temperature distributions and plots of the variance Yø(tl vs diffusion time t. The data reduction
from the profiles to the desired eddy diffusivity EH is a straight-forward process. The plot of the
displacement variance Yø2 vs diffusion time t shows the following functional dependence (Hinze
1959):

Yø(t)2 = 2EHt*(t/t* -il exp(- t/t*))), (1)

where t* is the intersection of the asymptote to the curve with the t-axis (for constant velocity,
z = Vt ex t). A least squares procedure was used to fit the calculated variance Y/ to (1) and to
obtain the eddy diffusivity for heat transport EH. Results thus obtained are given in figure 3,
showing the diffusivity as a function of the quality for constant water velocities. From this figure,
it is seen that the diffusivity, varying in the range of 0.2 ~ 1. x 10-4 m2/sec, increases

considerably with quality and also with water fiow rate. This trend roughly agrees qualitatively
with that observed in turbulent intensity as already shown in the previous paper.

tAn analysis of the power spectral density of temperature fluctuation of the mixture suggests that the thermal equilibrium
condition between the two phases can be applied to the present situation. Any small heat capacity of bubbles is expected to
make much less contributions to the turbulent transport of heat than the liqùid.

(a) Thermal wake at various downstream distances
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obtain the eddy diffusivity for heat transport EH. Results thus obtained are given in figure 3,
showing the diffusivity as a function of the quality for constant water velocities. From this figure,
it is seen that the diffusivity, varying in the range of 0.2 ~ 1. x 10-4 m2/sec, increases

considerably with quality and also with water fiow rate. This trend roughly agrees qualitatively
with that observed in turbulent intensity as already shown in the previous paper.

tAn analysis of the power spectral density of temperature fluctuation of the mixture suggests that the thermal equilibrium
condition between the two phases can be applied to the present situation. Any small heat capacity of bubbles is expected to
make much less contributions to the turbulent transport of heat than the liqùid.

(b) RMS of temperature profilevstransit time

Figure 2: Analysis of the thermal wake behind a heat rod in bubbly flow, various conditions. Pipe diameter,D = 60 mm. After
Serizawaet al. (1975b, Figures 1 and 2).

and the bracket denotes the statistical average. This model predicts that the variance of fluid lateral
displacement is quadratic for short times (∆ � T0) and linear for long times.Taylor (1921) further
showed that the diffusion coefficient can be directly deduced from the displacement variance,

D = [uX] =
1
2

d
d∆

[X2] = [u2]T0 (1− exp(−∆/T0)) (4)

This results shows that for long times,D tends asymptotically towards[u2]T0 and is less than this
value for short times. The diffusivity for short times behaves as[u2]∆. At this scale velocity fluctuations
are strongly correlated. An estimate of the correlation time can be calculated from the time a fluid
particle sees two successive bubblesLB/UB whereLB is the mean distance between bubbles andUB is
the bubbles relative velocities.LB can also be replaced withdB the mean bubble diameter. For bubble
velocities of the order 25 cm/s, this two times range between 10 to 50 ms. The two trends of the
variance are clearly visible in figure2(b), in particular for low void fraction values, whereas at higher
void fraction, the linear behavior is only visible. This figure also shows that dispersion is an increasing
function of quality (or void fraction) at a given liquid superficial velocity and that the correlation time of
turbulence seems to be a decreasing function of void fraction.Serizawaet al. (1975b) did not interpret
the integral scale but rather correlated the diffusivity with the Lockhart-Martinelli parameterXtt rather
successfully.

However, from the data of figure2(b), it is clearly visible that the order of magnitude ofT0 is 10-100
ms. This time represents the time scale beyond which thediffusion limit is reached and therefore, the
time scale over which turbulence mixing can legitimately be modeled by diffusion. This is to the author
knowledge the very first physical argument that can justify the choice of the averaging time for the
time-averaged balance equations.

It is well known in NMR community that molecular diffusivity can be measured from the decay
of magnetization (Callaghan, 1991). Stejskal & Tanner(1965) first showed how this decay is related
to self-diffusivity resulting from molecular Brownian motion. To make a long story short, a physical
image of the measurement is described in detail inLemonnier & Leblond(2007b). A still fluid sample
is tagged with magnetic fringes, almost instantly. Then after a time∆, the magnitude of these fringes
is read from a magnetization measurement. The fringe pattern fades away with time due to molecular
mixing during the time∆ and from the observation of the decay rate, the molecular diffusion can be
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deduced. It is worth noting that with this non intrusive measurement, it is possible to investigate the
dispersion phenomenon at a given length scale (fringe spacing) and a given time∆. Both scales can be
set independently.

Another interpretation of the measurement by using the so-called PFGSE1 sequence is the following
relation between the magnetization or NMR signal and the fluid displacement distribution within the
magnetized volume,

S(g) =
∫ ∞
−∞

p(v) exp(iγg∆δv) dv (5)

where the product,∆v, is the mean displacement during time∆, v is the mean velocity during time∆, g
is the pulse gradient strength,δ is its duration andγ is a constant physical property of protons (nuclear
gyromagnetic constant). The magnetic fringe spacing,λ, is inversely proportional to the productgδ and
Sappears to be the Fourier component of the displacement distribution at the length scaleλ. The most
relevant consequence of (5) is that the displacement distribution is the inverse Fourier transform of the
measured NMR signal at the end of the PFGSE sequence. It can therefore be determined experimentally.
The direction of the displacement can be selected from hardware: both the transverse or longitudinal
displacements can be measured.

From the displacement distribution at time∆, the Lagrangian centered variance of fluid displace-
ment can be determined[(X − [X])2]. In fully developed pipe flow[X] is zero for lateral motion and is
proportional to the area-averaged liquid velocity for longitudinal motion (Tennekes & Lumley, 1972,
Ch. 7). This latter point will be shown later in this paper and is the base of the velocity measurement.

Gatenby & Gore(1994) extended the molecular diffusivity measurement to eddy viscosity mea-
surement in turbulent single-phase pipe flow and grid turbulence spatial decay. NMR measurements
were found to agree with known trends. These authors based their analysis both on the analysis
by Taylor (1921) and some reworking of the theory ofStejskal & Tanner(1965) accounting for the
time dependency of dispersion.Lemonnier & Leblond(2007b) used this technique and analyzed the
longitudinal displacement centered variance and by an approximate reasoning produced eddy diffusivity
estimates, which agree only qualitatively with Serizawa’s earlier estimates, see Figure3.

In Figure3, orders of magnitude are consistent (D ≈ 5 10−5 m2/s). Next Diffusivity is seen to be an
increasing function of void fraction as expected from the earlier analysis bySato & Sadatomi(1981),
see (2). Finally as expected from this latter result, diffusivity seems to depend mainly on void fraction
rather than gas quality. From the slope ofD(α) = 1/2αdBU′B, the magnitude of the productdBU′B can
be estimated to 5 10−5 m2/s. A rough estimate of the bubble diameter from flow snapshots was 4 mm,
which leads to a value ofU′B ≈ 12.6 cm/s in agreement with the order of the magnitude of slip velocity
in these conditions (25 cm/s). This estimate is however lower than expected which is consistent with
generally weaker diffusion coefficient estimated by NMR compared to the thermal method. This will be
further discussed in this paper.

Serizawa’s data is limited to vertical bubbly flow whereas data byLemonnier & Leblond(2007b)
extends to bubble clustering regime close to the bubble-slug transition (α > 20%). It is therefore striking
to see the impact of the change in flow regime: at low void fraction, liquid agitation is moderate and
result from the individual bubble random motions, whereas at higher void fraction values, observation
shows that liquid agitation is tremendously increased by formation of large scale wakes behind bubble
clusters ([u2] increases visibly).

However, the analysis byLemonnier & Leblond(2007b) suffered from several shortcomings. Lon-
gitudinal displacement distributions were analyzed instead of those of the lateral displacement, which

1PFGSE: pulsed field gradient spin echo, see for exampleCallaghan(1991)
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(a) Two-phase eddy diffusivity, thermal method
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Figure 3: Comparison of the two-phase diffusivity measured in bubbly flow with the thermal method ofSerizawaet al.
(1975a) and NMR approximate procedure ofLemonnier & Leblond(2007b). Pipes diameter and mean liquid velocities are
similar,D = 60, 49 mm and JL = 0.5− 1 m/s and 0.1-0.5 m/s respectively.

would have been fully consistent with Serizawa’s analysis. In addition, Taylor’s analysis legitimately
applies only to lateral motions and as shown byTennekes & Lumley(1972, Ch. 7), the cross sectional
averaged centered variance of the longitudinal displacement in fully developed flow and homogenous
turbulence is determined both by the spatial distribution of mean velocity in the pipe cross section and
the liquid velocity RMS. It is however expected that with increasing void fraction, the latter effect be-
comes dominant. Furthermore, at the time this data was taken, no care was taken to verify whether the
diffusion limit was reached in the measurements and∆ was selected in the 5-10 ms range with no further
justification.

4 NMR STUDY OF DISPERSION IN BUBBLY FLOW

In order to be consistent with Serizawa’s analysis, it was decided to analyze in depth the dependency of
the variance of the lateral displacement with the time lag,∆. This is directly possible since the PFGSE
sequence provide exactly the displacement distribution at time∆.

Sample NMR data in bubbly flow is shown in Figure4. From the displacement distribution (see
Figure4(b), the variance of the displacement can be obtained. Two methods were used: (i) the direct
calculation of the variance from the distribution,

[X2] =

∫∞
−∞ x2p(x) dx∫∞
−∞ p(x) dx

(6)

where the denominator acts as a normalization constant. (ii) The second method is the fitting of a Gaus-
sian. Both methods generally agree, the latter being used for simplicity. Next∆ is varied. The corre-
sponding results are shown by the red crosses in figure5(a). It is striking that the trend predicted by
Taylor (1921) is clearly observed (see Eq.3). By fitting [u2] andT0 to this data, the following numerical
values are obtained,

u′ =
√

[u2] = 7.89 cm/s, T0 = 9.46ms (7)

With this fitted parameter values, (3) represents fairly well the data of Figure5(a). The correlation
time T0 is of order of 10 ms which is consistent with the data of Serizawa shown in figure2(b) where
the diffusion limit seems already reached at 20 ms for comparable void fraction. From the known values
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Figure 5: (a) Variance of lateral motion versus time lag∆. Two-phase vertical bubbly flow,JL = 30, 3 cm/s,JG = 4, 87 cm/s,
RG3 = 8, 7 %. Runs 0517 to 0529,∆ = 5 to 62,5 ms,δ = 1 ms.

of the constants, Taylor’s estimate of the dispersion coefficient can be calculated by using (4). The result
is shown in figure5(b).

From figure4(a), the signal decay with the increasing value of the gradient strength can be analyzed.
Stejskal & Tanner(1965) theory is applied and an estimate,Dm of the eddy diffusivity also be determined.
Theory predicts a Gaussian shape for magnetization decay, the width of the Gaussian being proportional
to Dm.

S(g) = S(0) exp(−γ2δ2Dm(∆− δ/3)) (8)

As shown in Figure4(a), the Gaussian behavior is observed and by curve fitting,Dm can be obtained.
The corresponding values are shown by the symbols in figure5(b). It is clear that estimates ofDm

agree only qualitatively with Taylor’s theory (4). By further comparing our magnetization decay analysis
based onStejskal & Tanner(1965) result and that ofGatenby & Gore(1994), it is found that the short
time behavior disagrees by a factor of two whereas the long time trend agrees. Moreover,Stejskal &
Tanner(1965) result was developed for molecular diffusion studies were the diffusion limit is always
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reached and thereforeD is assumed to be a constant. WhenD varies on a time scale comparable toT0,
this simple theory no longer applies. However, the analytical solution procedure of the magnetization
diffusion problem (Stejskal & Tanner, 1965) can still be applied and, in the limit of very short gradient
pulses,δ � ∆, it can be shown thatDm actually measured by magnetization attenuation (8) is simply the
time averaged value ofD over time∆. By averaging Taylor’s result on time∆, the following expression
is obtained forDm,

Dm =
1
∆

∫ ∆

0
[u2]T0(1− exp(−∆/T0))d∆ = [u2]T0

∆− T0(1− exp(−∆/T0))
∆

(9)

The asymptotic trends of this new model agree with that ofGatenby & Gore(1994) in the limit of
vanishing valuesδ/∆, which is the case in our experiments (δ = 1 ms). As a consequence, the
experimental determination ofDm in figure5(b)should be compared with (9) instead of (4). Figure5(b)
shows that data agrees very satisfactorily with our simple extension of the theory ofStejskal & Tan-
ner(1965) which also agree asymptotically with the earlier theoretical results ofGatenby & Gore(1994).

For the sake of completeness, the value of the asymptotic diffusion is calculated,D = [u2]T0 ≈
5.9 10−5 m2/s and is shown in Figure3(a)(X = 1.9 10−4) and in Figure3(b) as a black square symbol.
This new estimate lies within the data of Serizawa and is much larger than the earlier estimates by
Lemonnier & Leblond(2007b). This can be easily understood since the earlier data was taken at∆ = 5
ms, well belowT0. Finally, this value compares favorably with Sato’s equation (2) which provides
D = 5.2 10−5 m2/s with a bubble diameter of 4 mm and a bubble velocity of 25 cm/s.

5 LIQUID VELOCITY LIQUID FRACTION MEASUREMENTS

As shown earlier byLeblond et al. (1994, 1998) with the same spectrometer described in detail by
Javelot(1994), area-averaged velocity and void fraction can be determined from the NMR signal with
the PFGSE sequence. The absolute magnitude of the signal is proportional to the liquid content of the
magnetized volume. By comparing single-phase signal to two-phase signal magnitude, it is possible
to determine directly the liquid content of the magnetized volume also called here the control volume.
These later concepts are left vaguely defined here and will be discussed later in this paper. The flow
under investigation being nearly fully developed, the precise longitudinal extension of the measuring
volume has no consequences on the interpretation of the measurements.

This ideal situation does not take into account the natural magnetization relaxation. Magnetization
of the liquid is obtained by applying a uniform and constant magnetic field (≈ 0.12 T) on the flow.
For various physical reasons, magnetization is not permanent but rather relaxes towards equilibrium
according to a first order linear relaxation law. Relaxation times can be determined directly by using
particular sequences (Callaghan, 1991) and it is sufficient to know here that their magnitude is 2 s for
water. As a result, with an electromagnet of finite length, magnetization at the measuring section depends
slightly on the liquid velocity. A simple model can be derived (Lemonnier & Leblond, 2007a) and leads
to the following relation,

S= S∞

(
1− exp

(
− L

JLT1

))
(10)

whereL/JL is the transit time of the liquid in the bore of the electromagnet of lengthL andS∞ is the
signal at the fully polarized conditions. Figure6(b) shows the experimental trend is correctly predicted
by (10). In addition curve fitting provides a longitudinal relaxation time estimate,T1 ≈ 2.6 s, in close
agreement with the known value 2.4 s (Carr & Purcell, 1954). It is worthwhile mentioning that the
sensitivity of magnetization to transit time and therefore to the mean fluid velocity can be used to meter
fluid (seeDaalmanset al. , 2007, figure 7).
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Figure 6: (a) Reduced mean velocity,<| u>| /γδ∆, as a function of the measured superficial velocity. (b)Magnetization
variation at the measuring volume with respect to the fluid mean velocity in single phase flow. Runs 0600-0624.
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Figure 7: Single-phase velocity ditribution. Superrficial velocityJL ranging from 10 to 50 cm/s. Runs 0632-0640,GZ =
3.4919 G/cm.

For various technological reasons, the gradient strength is only known in magnitude and reference
measurements must be performed to get a calibrated value. Usually a molecular diffusion measurement is
used, we preferred a direct comparison of the mean displacement measured by NMR with the superficial
liquid velocity measured upstream the test section by electromagnetic flowmeters. The non dimensional
distribution of the longitudinal fluid displacement is shown in figure7(a)and is determined as previously
mentioned by inverse Fourier transform of the signal attenuation. By mere scaling arguments (Lemonnier
& Leblond, 2007a), it can be shown that the mean non dimensional velocity,<| u>| 3, obtained as the
first moment of the distribution is related to the superficial velocity byJL,

<| u>| 3

γδ∆
= GZJL (11)

whereGZ is the maximum value of the gradient strength. Figure6(a)shows that the linear relationship
between<| u>| 3 an JL is correctly followed by experiments. By curve fitting the calibration constant
GZ ≈ 3.5 G/cm is obtained. When this scaling constant is known, the velocity distributions can be
obtained. They are shown in figure7(b).
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Figure 8: Velocity distributions in two-phase flow.JL = 35 cm/s andJG ranging from 0 to 22 cm/s. Runs 0668 to 0680.

Next, when the spectrometer is calibrated in liquid content and velocity (see Figure6), two-phase
velocity measurements can be obtained by applying the same procedure. In addition, area-averaged
void fraction is obtained as the ratio of the magnetization amplitude in two-phase flow to that of
single-phase flow with the same transit time in the electromagnet (i.e. (10) estimated withvL instead
of JL). Two-phase flow velocity distributions are shown in Figure8(a) and the corresponding mean
liquid velocities and void fractions are shown in Figure8(b). For the two highest void fraction values
(runs 0679, 0680,α > 17%) negative velocities are observed. This means that a some locations in the
cross section, negative values of the velocity occurred during a significant fraction of observation time.
Though the observed flow regime is bubbly flow with bubble clustering, the use of thermal anemometry
in these conditions would have been inappropriate since this technique is not sensitive to the velocity sign.

In figure8(a), for a given liquid flow rate, the increase of mean liquid velocity with the increase of
the gas flow rate is clearly shown by the continuous drifting of the distribution towards higher values. In
addition the increase of velocity fluctuations widens considerably the distributions when the void fraction
increases. From the relationship between the liquid superficial velocity and the mean liquid velocity,vL,
a first void fraction estimate can be obtained

JL = (1− αv)vL (12)

These values are shown in Figure8(b) by the symbols tagged ”alp v3”. These values compare
favorably well with those obtained from the magnetization amplitude tagged as ”alp M0”, the former
being systematically larger than the latter for reasons not yet understood. These two void fraction esti-
mates compare also well with the direct determination of area void fraction measured by the two-phase
pressure change around the measuring volume. Due to technological reasons, the uncertainty of this
measurement is quite large (±1.5%) however, these values are fairly consistent with those obtained from
the magnetization ratio. These three values are well below the prediction of the homogeneous model
tagged as ”beta” in the figure. Finally, the predicted values by the drift-flux model (Ishii & Hibiki , 2006)
agree with data showing a maximum deviation of 2.5%. The change of trend between bubbly flow
and bubble clustering regime (α > .17) is also clear from void fraction measurements as it is from the
velocity distributions where the variance of velocity seems to increase drastically beyond this point in
agreement with the earlier observations of the turbulence increase reported in Figure3(b).

As a final check of the NMR measurement, the superficial velocity of the liquid has been calculated
from the mean liquid velocity obtained from the velocity distribution and the void fraction estimated from
the magnetization amplitude. Those values range between 35 and 37 cm/s as shown in Figure8(b) to be
compared to the expected value 35.5 cm/s. This uncertainty cumulates both the uncertainty of the void
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Figure 9: Magnetization profiles in the longitudinal direction (z and transversal direction, x.

fraction and the velocity and represents our present state of art in determining velocity and composition
by NMR.

6 SLICE SELECTION

The data shown up to now was volume-averaged in the so-called control volume. The determination
of the shape of the probed volume is a classical discussion in magnetic resonance imaging, MRI (see
for exampleManevalet al. , 1990, for porous media studies). In the previous sections, the utilized
procedure can be regarded as a single-pixel image. The sensitivity within this pixel varies both in the
longitudinal and the transverse direction. If the PFGSE sequence is applied on a static sample of liquid,
it can be shown that the signalS(g) is the Fourier component of the magnetization along the field
gradient direction. By inverse Fourier transform, one gets the distribution of the averaged magnetization
in a plane perpendicular to this direction. PFGSE sequence is a long procedure which requires taking
data at different values of the gradient strength. When time averaging is not necessary, a much faster
method consists in analyzing the signal time-decay when a constant field gradient is applied. It can be
shown thatS(t) is the Fourier transform of the space distribution of magnetization. This is the so-called
q- and k-space equivalence (Callaghan, 1991).

Figure9(a)shows the magnetization distribution in the measuring volume. It is rather homogenous
along the pipe axis on a length comparable to the pipe internal diameter (49 mm) and decays rapidly.
Figure9(b)shows the magnetization distribution in the transverse direction. Since the pipe has a circular
cross section, the distribution profile is proportional to the length of the chord perpendicular to the pipe
diameter: the shape of the pipe is therefore imaged directly by this technique. This shows in addition
that the sensitivity of the measurement is homogeneous in the pipe cross section. This was expected
from the coils design (Javelot, 1994).

By applying a static field along the pipe direction, the resulting fluid magnetization is also along the
pipe axis and therefore cannot be detected. A short RF pulse is usually applied to tilt the magnetization
at right angle with the pipe axis. It can be shown that the magnetization is no longer static but rotates
around the static field direction with a frequency proportional to the static field. Varying magnetization
induces a voltage into the RF coil that can be used for the detection of the NMR signalS. The measuring
volume is therefore the fraction of space where the magnetization has been tilted and therefore can be
detected.
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Figure 10: Magnetization distributions after various X-slice selections. (a) Gaussian RF pulse, (b) Sinc, 5 lobes, RF pulse.

By varying the shape, length and frequency of the RF pulse an applying simultaneously a gradient
pulse, one can vary the shape and width of the of the probed volume (see for exampleHoult, 1979, for
a detailed description of this relationship). The figure10(a)shows the implementation of the selection
(9 pixels) with a Gaussian pulse. Magnetization profile in stand fluid is an image of the sensitivity
distribution within each pixel. A simple approximate theory (Hoult, 1979, first order ) shows that the
sensitivity distribution is the Fourier transform of the RF pulse envelop. A Gaussian being invariant
through a Fourier transform, a Gaussian sensitivity in space results. If a hat selection is desired, theory
tells that a sinc (sin x/x) selection should be used. A few, 3 to 5, lobes are used in practice and Figure
10(b) shows the result of a 5-lobes sinc RF pulse. The resulting sensitivity profile is a hat function.
More precisely, the sensitivity profile is the product of a ”free space” sensitivity distribution than can
be calculated by solving the Bloch equations (Hoult, 1979) and the ”natural sensitivity of the RF coil as
shown in figure9.

Barberon & Leblond(2001) used this selection technique combined with the PFGSE to get the area
averaged void fraction and liquid velocity distribution along a slug bubble. The thickness of the slice
was approximately 5 mm which is small compared to a typical Taylor bubble length of 5 to 10 diameter.
Clearly when applied to our flow with a lateral selection gradient, it is clear that detailed information on
the profiles can be obtained in addition to the mean values. This may require solving a inverse problem
of Abel type which is not that difficult since many solutions exist to this problem (Adansonet al. , 1978,
Knill , 1994).

It is of interest to consider that the space filtering introduced by the NMR probe sensitivity distri-
bution provides velocity and void fraction values that are space-filtered and time averaged. Since the
relation between the signal and velocityis linear, the two averages commutes which is not the case with
thermal anemometry. Furthermore, The measured quantities are very similar to those that appear within
space-filtered of LES like models. To our knowledge no other method provides such an easy access to
these mean values.

7 CONCLUSIONS AND FUTURE WORK

It has been shown that NMR can be used to measure area-averaged void fraction and liquid velocity
in two-phase flow. This was already shown with the same equipment byJavelot(1994). In addition
turbulent eddy viscosity can be obtained from the analysis of the magnetization decay and using an
analysis based on the classical approach ofStejskal & Tanner(1965). Since the diffusion limit is in
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general not reached within the measurement time scale, it is necessary to reconsider the theory with
a time varying diffusivity (Taylor, 1921) and the new result agrees with the data and a the former
analysis of single-phase turbulent flow byGatenby & Gore(1994). When the new analysis is applied
to two-phase flow, it seems now fully consistent with the former analysis ofSerizawaet al. (1975b)
who utilized a thermal method. The sample data analyzed here seems to be consistent with the former
analysis of these authors and agree with the earlier theoretical estimates ofSato & Sadatomi(1981).
NMR data, provides the correlation time of the velocity fluctuations which can be used to justify the
choice of the averaging time of the balances equations.

Finally, future work will be dedicated to implement the present analysis together with the selection
technique leading to a possible access to distribution of these quantities within the cross section.
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Abstract  

 
The experiment METERO is designed by the French Atomic Energy commission to provide data 
necessary for the validation of two-phase-CFD simulations in adiabatic conditions. The horizontal test 
section, equipped with several measurement techniques, allows the exploration of different water/air 
flow regimes (including bubbly, stratified and transition from bubbly to stratified flow). Measurements 
of the axial and radial components of the water instantaneous velocity have been carried out using hot 
film anemometry to characterise the water single-phase flow development. The mean velocity, the 
fluctuation r.m.s and the turbulent kinetic energy have been inferred. The first results exhibit a good 
agreement with the literature on turbulent pipe flows.  
The second campaign is devoted to the study of the bubbly flow configuration for various air mass 
flowrates. Local void fraction, interfacial area concentration and interface velocity measurements are 
also performed, using home-made optical probes.  
After a definition of the needs for CFD validation, the experiments and the measurements techniques 
are presented and the first test results are shown. The uncertainty associated with the measurement 
techniques is also discussed. 

1.   INTRODUCTION  

The French Atomic Energy commission (CEA) designs, develops and validates simulation tools to 
calculate the behaviour of multiphase flows in nuclear plants, in incidental and accidental situations. 
For pressurized water reactors, this topic constitutes a major R&D axis, in the way that the 
improvement of the simulation tools predictions will lead to a reduction of the uncertainties linked to 
safety margin. In this framework, the so-called NEPTUNE software platform project, developed 
jointly by EDF and CEA associated with Areva Nuclear Power (Areva NP) and the French Institute 
for Nuclear Safety (IRSN), was initiated in 2001 and the experiment METERO, specifically designed 
for the study of horizontal two-phase flows, was inaugurated in 2006. 
In horizontal pipes, the evolution of a bubbly flow results from the competition between opponent 
hydrodynamic mechanisms. On one hand, the turbulence of the main liquid flow is responsible for 
bubble dispersion and also affects bubble break up and coalescence. On the other hand, gravity effects 
tend to separate the two phases: when rising up, the bubbles merge and coalesce. Consequently, 
depending on the relative magnitude of these two phenomena, the flow becomes stratified or not. 
Compared to many previous experimental programs in horizontal pipes, the METERO experiment is 
designed to provide all the data necessary for two-phase-CFD simulations. Specially, the two-phase 
model developed for the CFD scale module of NEPTUNE (Morel et al., 2004, Morel et al., 2005) is 
devoted to the prediction of two-phase flow in reactor components and needs further experimental 
validation in adiabatic conditions. The aim of the METERO data is to provide a validation basis of 
turbulence modelling in bubbly flow and of the dispersion force model. METERO will also constitute 
a basic test case for the most complex local interface configuration where a “large interface” such as a 
free surface coexists with the “small interfaces” of the bubbles. This topic remains a challenge for 
CFD tools. 

2.   EXPERIMENTAL SETUP  

2.1 Experiment 

A front view of the test section is represented in Fig 1. The experiment is constituted of stainless steel  
pipes linked to a Plexiglas test section. Two independent supply circuits of air and water merge 
together upstream of the test section by means of an injection/tranquilization system. This system 



provides an horizontal bubbly flow at the inlet of the test section. At the test section outlet, water and 
air are separated in a 1500 litres storage tank. The water temperature is kept constant (around 18° C) 
by using a heat exchanger in the tank. The main characteristics of the installation are summarized in 
Table 1. 

Table 1: Main working parameters of the METERO experiment 

o Inlet temperature air-water  18°C  
o Maximum outlet temperature  20°C 
o Maximum pressure   2.8 bar  
o Water flow rate  0 to 125 m3/h. 
o Water velocity  0 to 5 m/s 

o Air mass flow rate1  0 to 350 Nl/mn 

o Air superficial velocity  0 to 0.7 m/s 
 
Concerning water supply, the circuit is composed by a non pressurized 1500 litres tank and a FinderTM 

pump, of driving pressure 2.8 bars, maximum flowrate 125 m3/h (which corresponds to a maximum 
water velocity of 5 m/s) and maximum electric power 18.5 kW, linked to the test section by means of 
two lines including a flowmeter, a 1 inch line for the scale 0 to 15 m3/h and a 4 inches line for the 
scale 15 to 125 m3/h. 

For the small scale (0-15 m3/h), a YokogawaTM Coriolis mass flowmeter is used (accuracy about 0.2 % 
of the measurement point). For the higher flowrates (15 to 125 m3/h), a KrohneTM  ultrasonic volumic 
flowmeter is installed. It offers a lower accuracy than the Coriolis flowmeter but generates also 
reduced pressure drop. The inlet water temperature is measured by a type K standard thermocouple 
with a +/-0.5°C measurement accuracy. This accuracy revealed inadequate for hot film anemometry, 
very sensitive to flow temperature variations. The thermocouple was then calibrated using a 
calibration bath and a platinum PT100 sensor.  

 

Fig. 1: Side-view of the experiment 

Concerning the air supply, it is composed of a 6 bar pressure supply line involving a 
depressurization/filtration system (the air is depressurized to 3 bar) and two lines of regulation and 
measurement of the mass flowrate: one line for the range 0 to 50 Nl/mn and a second line for the range 
50 to 1000 Nl/mn (not used over 350 Nl/mn, corresponding to a maximum gas velocity of 0.7 m/s ). 
The air circuit is open: after being separated from the water in the tank, the air is rejected to the 
atmosphere. The two flowmeters are Brooks EmersonTM thermal massic flowmeters (their accuracy is 
0.7 % of the measurement point). They include a PID regulation system that provides very stable inlet 
conditions and easy use.  The air temperature is measured by a type K thermocouple, not calibrated, 
with a measurement accuracy of +/-0.5°C.  

                                                 
1 The normal conditions, symbolized by the N letter, are taken at 0°C and the atmospheric pressure 



The inlet and outlet pressures are measured by means of two KellerTM high precision membrane 
sensors. They measure the pressure relative to the atmosphere in the range 0-3 bar with an accuracy of   
+/- 0.015% of the full scale, i.e. +/- 0.45 mbar.  

The test section, 5.40 m in length, has an internal diameter of 0.1 m. It is composed of interchangeable 
pieces including instrumentation modules. The inlet injection/tranquilization system is made of 320 
tubes for the water and 37 for the air. The number and dimensions of the tubes have been set by 
iterative tests. The air bubbles injection is made uniformly in the inlet section. The void fraction, 
directly depending on the number of bubbles injected, is modified by varying the air mass flowrate. 
The injection system also offers the possibility to choke up some tubes in order to provide a local 
injection. The system also includes a series of grids designed to break remaining vortices generated by 
upstream elbows and then ensure a low turbulence level -the so-called grid turbulence- at the inlet of 
the test section.  

 
Fig. 2: Injection/tranquilization system 

 
All the flow parameters can be controlled and/or acquired directly from the control/command room, 
via a personal computer and use of LabviewTM programs. These programs also ensure the 
instrumentation data acquisition.  
 

2.2 Instrumentation 

Several experimental techniques are implemented to investigate the relevant parameters of the flow. 
Among them, X-ray tomography and resistive wire probes will be used in a near future to provide void 
fraction maps or the liquid phase height for various sections.  
The two measurement means already used on the installation and presented herein are hot films and 
optical probes.   

2.2.1 Hot film velocimetry 

Hot wire and hot film anemometry have been extensively used in single phase flows for the 50 last 
years and also adapted for two-phase flows. For our purpose, we use two components DantecTM hot 
film probes composed of a nickel sensor electrically insulated from the water by a quartz coating. The 
probes are connected to a constant temperature anemometer (DantecTM CTA Streamline) involving 
two Wheatstone bridges. The output voltage signals give access to the flow velocity components. An 
electrode system connected to the ground reference of the CTA is added to the probe so as to protect 
the films from electrostatic discharges that may destroy the quartz coating and burn the sensors. A 
filtration system is also used downstream of the pump to retain the particles of size greater than 5 µm. 
Indeed, the entrainment of those particles by the main flow at high speeds (several m/s) may also 
damage the coating, reducing the sensor protection. Finally, the response of the CTA Wheatstone 



bridge servo-amplifier is adapted to provide the best compromise between high amplification values 
that give a good frequency response of the measuring system but amplifies instabilities and low 
amplification values, giving a lower frequency response but damping the parasite oscillations.  The 
resulting overall frequency response (from the sensor to the bridge) is about 7 kHz, which is quite 
sufficient for our study. The signal is filtered in low pass mode at a frequency of 10 kHz and sampled 
at 20 kHz. For single phase flow configurations, 200.000 points are acquired, corresponding to 10 
seconds. In two phase flow configurations, this duration is increased to 5 minutes. The adjustment of 
the bridge parameters is made by means of the Dantec StreamwareTM software and the data acquisition 
is made using a LabviewTM Virtual Instrument. The probe can be moved by a MicrocontrôleTM  
traversing system so as to measure velocity profiles on test section diametral chord with a 1 mm to 2.5 
mm step.  

The water temperature proved to have a predominant influence on the bridge voltage output. This 
phenomenon is linked both to the low values used for the probe heating coefficient in water and to the 
large values of the heat transfer coefficient generated by water convection around the probe. For that 
reason a heat exchanger installed in the water tank contributes to keep the flow temperature around a 
constant value (18°). A variation of +/- 0.5° C is authorized around the set point and the voltages are 
corrected before applying the calibration, using the classical following formula: 
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where Ta is the real fluid temperature during the measurement, Tref  is the reference temperature and Tw 

the temperature of the heated sensor. e(Ta) is the film voltage when it is immerged into the fluid at 
temperature Ta, and e(Tref) is its voltage when it is in the fluid at temperature Tref.  

The probe calibration is done in situ for various water flowrates, the probe being placed at the center 
of the test section where the flow velocity is maximum. The relation between the mean and the 
maximum axial velocity is derived from Schlichting (1955). This procedure implies that the velocity 
profile follows the classical turbulent 1/n law and also that the flow vertical component can be 
considered negligible. Its gives for each film the coefficients a and b of the King’s law e2

=a U
n
+b. 

Concerning the value of the exponent n, literature gives values ranging from 0.45 to 0.5 for hot wire 
anemometry in air and for values of the Reynolds number based on the probe diameter ranging from 
0.02 to 44 Comte-Bellot, Corrsin (1966). Outside these operating conditions, important variations of n 
have been observed. In our case, the Reynolds numbers based on the probe diameter (70 µm) are 
around 200, out of the validity range of (Comte-Bellot, Corrsin, 1966). So, the value n has not been 
imposed but adjusted to get the best fitting of the plot e2

=f(U
n
). If not mentioned, a value n=0.15 is 

used. Velocity profiles are then acquired, integrated and compared with the water flowrate measured 
by the flowmeter, for high and low Reynolds number values. This procedure validates the assumptions 
made for the calibration.  
In single phase flows, the probe calibration gives access to the axial and radial component of the water 
instantaneous velocity. A statistical calculation then delivers mean velocity, r.m.s of the velocity 
fluctuations or kinetic energy profiles. All these operations are realized by LabviewTM. In two-phase 
flows portions of the signal, a complementary LabviewTM program, named HFA, is used to 
discriminate the liquid and gas phases. In practise, the appearance of bubbles generates large negative 
peaks on the voltage signal, as the heat transfer between the probe and the fluid drops when the sensor 
is in a gas medium. The principle of the HFA program is to cut out the peaks and keep the signal 
corresponding to the water velocity. The present results will focus only on single-phase flow 
experiments.  

2.2.2 Optical probes 

Optical probes, manufactured in the laboratory, are used to measure the temporal phase indicator 
function in two-phase flows. The principle is to emit a laser signal at the tip of an optical fibre by 
means of an emission/reception box. The air refraction index leads to a total reflection of the signal, 
whereas the water refraction index induces a refraction of the signal outside the optical fibre.   A 
photodetector translates this phenomenon into an electrical signal composed of a succession of high 



levels (fibre tip in air, corresponding to the transit of bubbles when the sensor is placed into a two-
phase flow) and low levels (fibre tip in water).  This electrical signal is then amplified and a double 
threshold is applied. The resulting binary signal is the PIF (phase indicator function), acquired to the 
PC card via the USB port a at 20MHz sampling frequency. The temporal resolution of the 
measurement is then very high (50 ns). The time average of the PIF gives access to the local void 
fraction of the flow (α, in %), that describes locally the phases proportion. In our optical probe 
configuration, a second fibre is placed downstream of the main fibre, at a known distance. The time 
delay between the two PIFs provides precious information about the interface velocity or the interface 
area concentration. The overall interfacial area concentration (ai, in m

-1) is defined as the total surface 
area of the interface per unit volume in a finite control volume and represents the geometrical 
capability of the interfacial transfer.  Finally, the mean Sauter diameter is derived from the expression 
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and directly equals the bubble diameter in the case of spherical bubbles. For a non-spherical bubble 
shape, it gives an order of magnitude of the bubble volume to area ratio.  

The acquisition of the PIFs and the calculations of void fraction and all other quantities are made via a 
LabviewTM program named ISO and developed in the laboratory. Concerning the spatial resolution, 
the typical size of our probes is 250µm for the fibre diameter and several microns for its tip. The two 
fibres spacing can be reduced to 100 to 200 µm and the axial distance between the front fibre and the 
rear one is about 500 microns. The probe is mounted in a probe support that is moved by a traverse 
system in the same manner as for the hot film probes. One can then plot void fraction or interfacial 
area concentration profiles on a pipe vertical diameter and for different axial locations.  

The acquisitions are realized on 20000 bubbles for each fibre in order to ensure a good statistical 
convergence. This corresponds to several seconds in the regions of high void fraction (typically at the 
top of the test section) but can exceed several tens of minutes in the zones where the flow is quasi 
single-phasic, such as at the bottom of the pipe.  
 

2.3 Experimental configurations 

As mentioned previously, the instrumentation modules can be placed at different axial locations along 
the test section to explore the flow regime in various configurations. For that purpose, 3 measurement 
sections have been defined for the data collection. The first one is located at X=535 mm downstream 
the injectors, corresponding to 5 pipe diameters. This location is chosen to characterize properly the 
inlet conditions.   The second one is at X=2040 mm, i.e. 20 pipe diameters downstream the injectors 
and the last one (X=4050 mm, 40 diameters) is located close to the test section outlet, in the pipe flow 
fully developed regime. Two data collection campaigns have been defined: the first one with only 
water to characterize the pipe single-phase flow for two values of the Reynolds number based on the 
pipe diameter (ReD =1.10

5  and  3.2 105), corresponding respectively to water flowrates of 30 and 90 
m3/h. Measurements of the axial and vertical instantaneous velocity components were performed on a 
vertical diameter for the 3 locations cited above. The second campaign is devoted to the exploration of 
the two-phase dispersed flow regime that corresponds to a 125 m3/h water flowrate and various air 
mass flowrates (ranging from 4 to 30 l/mn). For the 3 sections defined (5D, 20D and 40D) 
measurements of void fraction profiles were made using a double optical probe.   
 

3.   RESULTS  

3.1 Single-phase flow set of experiments  

3.1.1 Profiles 

A first hot film velocimetry campaign was made in the initial configuration for the 
injection/tranquilization system and revealed the strong influence of the upstream conditions: vortices 
generated in the different elbows, wake of the injectors…). As mentioned before, a series of corrective 



actions were made to ensure a flat velocity profile and low turbulence level at the test section inlet. In 
Fig. 3 one can appreciate the difference between the mean axial velocity profile U non-
dimensionalized by the mean flow velocity outside the boundary layer Ue and  measured at X=535 mm 
before (orange) and after (blue) changing the system for a water flowrate equal to 90 m3/h, and ReD 
=3.2.105. Especially at high Reynolds number values, the impact of the supplementary grids is to 
reduce the fluctuations due to the wake of the injectors and the overspeed in the highest part of the 
pipe. The boundary layer thickness is also reduced (about 10 mm compared to 20 mm before). At 
X=4050 mm, the differences vanish, except for a slight discrepancy in the upper part of the curves. 
This better agreement is due to the fact that the influence of the upstream conditions is decaying as the 
flow runs downstream. See for example Fig. 4 showing  the comparison at 90 m3/h.  
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Fig. 3: Mean axial velocity profiles U/Ue at X=535 mm for ReD =3.2.10
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The mean axial velocity exhibits a coherent behaviour with the literature on turbulent pipe flows, with 
a development of the boundary layers along the X axis. At X=4050 mm the regime is fully developed 
(jointed boundary layers) in good agreement with literature (Laufer, 1954). At this section, the profile 
merges satisfactorily with a classical 1/n profile, characteristic of a turbulent flow, with a value n=8 
(Schlichting, 1955). Concerning the vertical component, the results show that the profiles are closed to 
zero whatever the location of the measurement. This is consistent with the fact that the axial 
component is predominant.  
Concerning the r.m.s. of the fluctuations divided by the mean velocity Ue outside the boundary layer, 
one can see in Fig. 5 a series of plots at X=535 mm for the axial component u and in Fig. 6 for the 
vertical component v both for the two values of the Reynolds number. The comparison between the 
results before adding the grids (orange and red) and after (blue and green) shows again a thinning of 
the boundary layers and a better agreement with a low level grid turbulence. The vertical component 
exhibits the same behaviour. The behaviour of these two quantities is in good agreement with 
literature on flat plane boundary layers. Indeed, the curvature radius of the pipe can be considered 
important compared to the scale of the sensor, so the wall of the pipe can be locally assimilated to a 
flat plane. Anyway, it has to be noted that the threshold values of 0.08 for the axial component and 
0.04 for the vertical one are not reached in the near wall region. This is related to the size of the sensor 
that prevents measurements in the vicinity of the wall.  
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Fig. 4: Mean axial velocity profiles at X=4050 mm for ReD =3.2.10
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The same comparison for X=4050 mm is presented in Fig. 7 for urms/Ue and Fig. 8 for vrms/Ue. 
Globally, the shape of the curves is rather different from the one in the 535 mm location and 
represents the behaviour of fully developed turbulent profiles. The same remarks can be made 
concerning the threshold values in the wall nearby region for the same reasons (probe size).   
Finally, let us notice that the adjunction of grids improved the flow isotropy at X=535 mm. With the 
new injection/tranquilization system the urms/Ue and vrms/Ue plots merge perfectly, whereas a 30% 
discrepancy was observed before. This confirms, at the test section inlet, the presence of a 
homogeneous and isotropic grid turbulence. At X=4050 mm this isotropy is not observed as it is  
gradually destroyed by the presence of the wall, inducing a high shear.  
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Fig. 6: vstd/Ue at X=535 mm for ReD =1.10
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Fig. 7: ustd/Ue at X=4050 mm for ReD =1.10
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The turbulent kinetic energy profiles have been plotted using the expression (see for instance Fig. 9 for 
X=4050 mm and ReD =3.2.10

5): 

( )22 2
2

1
vuk ′⋅+′⋅=  (3) 

This relation assumes that the third (orthoradial) component behaviour is similar to the one of the 
vertical (radial) component. If this assumption is realistic for single-phase flows, it is false for bubbly 
flows where 3D effects may become predominant. The three velocity components obtained by a 3 
component probe or by probe rotation, will then be necessary to infer the turbulent kinetic energy 
profiles.  
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Fig. 9:  Turbulent kinetic energy profile at X=4050 mm for ReD =3.2.10
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3.1.2 Discussion about the measurement uncertainty 

If the uncertainty on the location of the sensor is given by the accuracy of the traverse system 
(several microns), on the other hand the uncertainty on the instantaneous velocity depends on 
numerous factors, not always well known (calibration errors, uncertainty on the angle between the 
sensor and the test section symmetry axis, on the probe yaw factor, on the fluid temperature…). 

From the uncertainty on the water flowrate Q, given by the constructor,  
Q

dQ
 =0.5 % and the 

uncertainty on the pipe diameter which has been estimated to 0.1%, one can then infer: 

D

dD

Q

dQ

V

dV

deb

deb ⋅+= 2                       (4) 

where Vdeb  is the water mean flowrate velocity and with dVdeb/Vdeb=0.7%.  



The impact of a sensor misalignment with respect to the pipe axis (the angle θ is 45° for film 1 and -
45° for film 2) has been tested, by the adjunction of an uncertainty dθ in the programs that infer the 
velocity from the voltages.  A 0.01° error (value given by Dantec) leads to a negligible error on the 
instantaneous axial component u (less than 0.001%) and a 1.8 % error on the vertical component v. It 
has to be noticed anyway that this is a systematic error that will affect the mean values but will be 
eliminated by the calculation of the r.m.s.  

Concerning the yaw factor ky that represents the sensor sensibility to the tangential component of the 
velocity, it is very small (about 0.04). Theoretically, its value may change with the probe orientation 
with respect to the pipe axis, anyway the manufacturor indicates that for this type of probes, this 
value doesn’t change much.  The influence of ky fluctuations has also been tested in the program. 
The results show that a variation of +/-0.01 (i. e. +/-25%) generates a +/-0.05% error on u and  +/-
0.09% on v. The influence of errors on ky  is then very slight.   

On the contrary, the effective fluid temperature has a huge influence on the measurements. Using 
equ. (1), one can show that only a 0.1°C error on the water temperature leads to a 2.5 % error on u 
and 6 % error on v.  

Finally, if one considers that the different errors are cumulated, the uncertainty on the axial 
instantaneous velocity u is about 3 % and  the uncertainty on the vertical instantaneous velocity v is 
about 8 %.  Anyway, it has to be recalled that the main source of error on v is systematic and then 
eliminated by the r.m.s. calculation.  

3.1.3 Conclusion of the single-phase flow measurements 

In conclusion, this first campaign showed that the Metero experiment presents a single-phase pipe 
flow in good agreement with the literature on the subject. The inlet flow is a grid turbulence one, it 
then develops to reach a fully developed turbulent pipe flow at the outlet of the test section. The 
modifications brought to the injection/tranquilization system improved the stability and the isotropy of 
the flow.  

3.2 Two-phase flow set of experiments  

3.2.1 Optical probes measurements  

As mentioned previously, void fraction measurements were made using a double optical probe at 3 
locations and from the PIFs, void fraction (in %), interfacial area concentration (in m-1) and mean 
Sauter diameter (in m) were inferred.  

Fig. 10 gives a comparison between the void fraction profiles for X=4050 mm and 4 values of the air 
mass flowrate from 4 to 30 l/mn. One can easily see that the void fraction rises when going from the 
lower to the upper wall, and from the low to the high air flowrates. The results are in good agreement 
with (Iskandrani & Kojasoy, 2001), anyway the void fraction peaks near the upper and lower walls, 
that these authors measured, are not observed in the present data. This is probably linked to the size, 
not of the probe itself, but of the probe support, 6 mm in diameter, that prevents measurements in the 
vicinity of the wall.  
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Fig. 10:  Void fraction profiles at X=4050 mm for Qw=125 m
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The same remark can be made for the local interface area concentration (Fig. 11) which is equal to 4 
times the ratio between the interface frequency and the interfacial velocity. This relation relies on the 
assumptions that the bubbles are spherical, that they are homogeneously distributed within the flow 
and that the flow direction is unidirectional, collinear with the probe prongs. As in our case, the bubble 
size was very small (from 0.5 to 2 mm in chord) the assumption of spherical bubble shape is quite 
valid. It was moreover confirmed by fast scan camera acquisitions. It has to be noted that the local 
interface area concentration is more important at the upper part of the test section and for high values 
of the air flowrate. This is related to the migration and coalescence of the bubbles. Due to their high 
density difference with the water, the air bubbles, once emitted in the flow, tend to rise and merge. 
This results in high void fractions and high interfacial area concentration in this zone.   
The analysis of the mean Sauter diameter (Fig. 12), that represents roughly the mean bubble diameter, 
and is calculated by 6 times the ratio between the void fraction and the local interface area 
concentration, brings more details on the bubble behaviour. The same phenomenon is highlighted but 
moreover, one can identify 3 zones, distributed in the following manner: 
A first zone located in the lowest half of the pipe (Y ranging from 100.000 to 50.000 µm), and 
involving small bubbles of quasi constant diameter for a given value of the air flowrate.  This 
corresponds to a quasi single-phase zone, the gas phase being dispersed and the void fraction being 
rather low. In this region, the small size of the bubbles and their dispersion slow down coalescence. In 
a second zone (Y ranging from 15.000 to 50.000 µm), the evolution of the bubble diameter with the 
altitude is quasi linear. This may correspond to a region of coalescence. The bubble size and the void 
fraction have reached a threshold value beyond which coalescence is promoted.  Then in the upper  
zone (Y ranging from zero to 15.000 µm), the bubble diameter is high, but rather constant versus Y. 
This corresponds to a bubble layer, analogous to the mechanical boundary layer, where wall shear 
effects may prevent the coalescence phenomenon.  
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Fig. 11:  Interfacial area concentration profiles at X=4050 mm for Qw=125 m
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Fig. 12:  Mean Sauter diameter profiles at X=4050 mm for Qw=125 m
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Optical probes also give access to the gas velocity, as shown in Fig. 13. 
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Fig. 13:  Gas velocity profiles at X=4050 mm for Qw=125 m
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As the gas phase is mainly transported by the liquid one in dispersed regime, qualitative comparisons 
can be made with the work of Inskandrani and Kojasoy (2001) concerning liquid velocity profiles 
measured in two phase flows. The authors observed that the profiles are non symmetric, the maximum 
velocity point is shifted to the bottom of the pipe and the profiles exhibit a sharp reduction of the 
velocity in the vicinity of the top wall. Inskandrani and Kojasoy explained this particular shape by the 
presence of a bubble layer at the top of the pipe that slows down the flow, especially because of the 
additional turbulence created. These analogies between gas and liquid velocity profiles confirm that 
the bubble transport is mainly supported by the liquid motion. 
 
A way to check the accuracy of our optical probe measurements is to integrate the product of the gas 
velocity times the void fraction and to compare it to the gas superficial velocity. The cross section has 
been virtually cut into several trapezoid shaped areas and the assumption has been made that, in each 
area, void fraction and gas velocity are constant. These hypotheses are false, especially concerning the 
gas velocity, but, our objective is mainly to check the consistency of our results. The product of gas 
velocity times void fraction has then been integrated and compared to gas superficial velocity. The 
discrepancies are in the range 2-10 %.  
 

3.2.2 Optical probe measurement uncertainty 

Void fraction measurement using optical probes is a far less known technique than hot wire or hot film 
anemometry. Nonetheless, studies have been made to characterise the optical probe measurement 
accuracy. Among them, one can cite Le Corre (2000).  
Concerning the uncertainty on the spatial location, as the probe tip is very punctual (several microns), 
the uncertainty is mainly related to the one of the traverse system, given by MicrocontroleTM to several 
microns. Comparisons made by Le Corre (2000) with electrical probes showed that the discrepancy on 
the void fraction measurements can reach 20% and that the probe design is the main influencing 
factor. Consequently, a special care is taken to reduce the size of the optical fibre tip and the distance 
between the fibres. For our study, the reproducibility of the results has been tested by carrying out 
many times the same measurements, in the same conditions. A 4 to 5 % discrepancy was found.  
Concerning the dependency to fluid temperature, it has been observed a small effect of temperature 
variation on the measurements. A fluctuation of 5 °C on the water temperature leads to a 10 % 
variation on the void fraction. This could be partly related to the measurement uncertainty but is 
nonetheless systematic. It is not linked to the principle of measurement which is independent of 
temperature but may probably due to the variation of the two fluid physical properties with 
temperature. For this reason, the optical probe measurements were carried out at a constant 
temperature of 18°C.  



3.2.3 Conclusions of the two-phase flow campaign  

The optical probe measurement campaign highlighted a two-phase dispersed flow, in good agreement 
with literature on the subject.  The void fraction profiles show that for a given abscissa of the test 
section, the void fraction increases with the altitude and the air mass flowrate. For a given altitude, the 
results also show that the void fraction increases when going downstream, which seems to highlight a 
coalescence phenomenon. Anyway, measurements at the downstream section (X=4050mm, 40D) did 
not exhibit stratification, for the highest value of the water flowrate, the flow regime remains dispersed 
on the whole test section.  
Interfacial area concentration and mean Sauter diameter profiles are in good agreement with the void 
fraction ones, bringing more information on the flow.   

4.   CONCLUSIONS  

The results presented in this paper concern the single-phase and two-phase flow characterisation on 
the experiment METERO, by means of hot film anemometry and optical probes. The aim is to build a 
database for the validation of the NEPTUNE CFD code.  
The one-phase flow results show an academic flow, in good agreement with the literature on turbulent 
pipe flows. The modifications brought to the injection/tranquilisation system greatly improved the 
flow. The two-phase flow campaign by means of optical probes in a dispersed bubble regime is also in 
good agreement with the literature consulted on the subject. Hot film measurements are also on 
progress and will bring more information on the flow behaviour.  
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Abstract 

 

Condensation of hot vapour on the cold liquid that is slowly flooding the horizontal pipe is 
numerically simulated. The experimental results were obtained from the condensation induced water 
hammer experiments performed on the steam-line of the PMK2 device. In most of the experimental 
cases, slow flooding of the pipe was abruptly interrupted by a strong slugging, where bubble of vapour 
is entrapped by slug. The vapour bubble rapidly condenses what is often followed by the strong water 
hammer induced pressure surges. The focus in the present work is on the selected experimental runs 
performed at higher initial pressures and temperatures, where transition from the stratified into the 
slug flow was not accompanied by the water hammer pressure peaks. Our computations show that the 
test cases without water hammer request a tough problem for CFD codes, while the prediction of 
condensation induced water hammer is beyond the current state of the art CFD. The basic physical 
model in used NEPTUNE_CFD code is 6-equation two-fluid model, with the key sub-model for the 
present work being the liquid heat transfer coefficient and interfacial momentum transfer model. The 
main parameters of the simulations compared with the experiments are liquid temperature rises in 
several points along the pipe. The experimental uncertainty of measured temperature is less important 
for comparison of simulation with experiment due to the stochastic nature of phenomena. The final 
liquid temperatures at the measuring points do not depend on the details of the slugging and bubble 
condensation, but rather on the mixing, which was caused by all the slugs that appeared in the pipe 
during the transient. The water heat up due to condensation gave us some information about the 
suitability of the applied condensation model. The Large Interface model (Coste, 2007, 2008) used in 
our simulations, predicts time evolution of temperatures and final temperatures on measuring points 
better than model based on Hughes-Duffey correlation for condensation and bubble/droplet drag force 
model. 
 
1. Introduction 
 
Despite recent advances in the field of computational multifluid dynamics, only a limited analytical 
approach to the problem of Direct Contact Condensation (DCC) in horizontal stratified flow is 
possible, therefore experiments remain a necessary tool for research of the phenomena. When 
discussing the correlations for description of the DCC one should distinguish between the two types of 
the inter-phase exchange models: "integral" models, valid in the cross-section of the pipe and 
applicable for 1D two-fluid models, and "local" models that are required in 2D/3D models.  
Two frequently used "integral" correlations for heat and mass transfer during the DCC in stratified 
flow were derived from the experimental results by Lim et al. (1984) and Kim et al. (1985). Unlike 
Lim et al. (1984) and Kim et al. (1985) who performed their experiments in a pipe, Celata et al. (1986) 
measured DCC on slowly moving subcooled water in a "pressurizer-like" geometry and developed a 
special set of integral correlations for that purpose. Chan and Yuen (1990) used the experimental 
device of Lim et al. (1984) and analyzed influence of air on the DCC in the stratified horizontal flow. 
Further integral models can be found in the paper by Chun and Yu (2000b) who described their air-
water and steam-water experiments in nearly horizontal stratified flow and compared various 
correlations for the stratified-to-slug transition with their experiments. They suggested a new model, 
which gives, comparing to the models of Mishima and Ishii (1980), and Taitel and Dukler (1976), 
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more accurate prediction of transition at low liquid superficial velocities. Ramamurti and Kumar 
(2001) performed a DCC experiment on a thick layer of moving water in the vessel with a stagnant 
vapour bubble and expressed the heat transfer coefficients in terms of Nusselt number as a function of 
liquid Reynolds and Prandtl number and the rate of sub-cooling.  
Hughes and Duffey (1991) introduced a "surface renewal theory" for DCC in turbulent separated flow, 
which points to an important role of the turbulence in the liquid layer, and developed a so-called 
"local" closure law for description of the inter-phase heat and mass exchange in the separated turbulent 
flows. Experiments and models of DCC in a rectangular duct and rectangular tank were later described 
by Lorencez et al. (1997) and Mikielewicz et al. (1997), respectively. Especially Lorencez et al. (1997) 
with their sophisticated experiment made a detailed measurement of the turbulence near the free 
surface and clarified the impact of the turbulence on the interfacial heat and mass transfer coefficients.  
 
1.1. Condensation induced water hammer (CIWH) in horizontal pipes 
 
Condensation induced water hammer (CIWH) in horizontal pipes is a safety issue for various fields of 
engineering including nuclear (Griffith, 1996). The phenomenon starts with direct contact 
condensation of steam on subcooled liquid in horizontally stratified flow. Once the slug is formed due 
to wave reflection or surface (Kelvin-Helmholtz) instability (see fig. 1), a rapid condensation of the 
bubble entrapped behind the slug may follows, resulting in a strong pressure peak. Most of the CIWH 
studies are related with the nuclear energy; however, the phenomenon is relevant also for other fields, 
such as CIWH in solar thermal plants (Streicher, 2000). 
Chun and Yu (2000a) developed a set of prevention guidelines based on analytical approximations and 
their experimental research of condensation-induced water hammer. Yao et al. (1999) and He et al. 
(2000) presented their CIWH experiment in a horizontal pipe and 2D numerical simulations of the 
phenomena with a VOF model for interfacial tracking, however, their results were obtained on very 
coarse grids. Ansari (1999) presented his own experimental device for CIWH in horizontally stratified 
flow and suggested a correction to the Mishima and Ishii (1980) model for stratified-to-slug transition. 
Another set of experiments, with some of them being considered in the present study, with improved 
vapour volume fraction measurement was run at KFKI experimental device PMK2 Prasser et al. 
(2004a, 2004b) within the WAHALoads project of the 5th EU research program. The attempt of Gale 
et al. (2004) to describe the KFKI experiment with the 1D two-fluid model of the WAHA code (Tiselj 
et al., 2004, 1998) pointed to large uncertainties of the simulations related to the model of stratified-to-
slug flow transition and correlations for interfacial heat, mass and momentum transfer.  
 

 
Figure 1: Schematic view of bubble entrapment and its condensation, from left to right: the wave 

appearance, the growth of the wave, the wave touches the wall and the entrapped bubble is shrinking 
due to condensation. 

 

1.2. CFD and direct contact condensation (DCC) in horizontally stratified flow 
 
Various techniques for multidimensional simulations of stratified flows are described in the literature. 
Among the volume-discretization methods, which are considered to be relevant for the modelling of 
the DCC, the most important techniques for the interface tracking (IT) are: VOF method (Scardovelli 
and Zaleski, 1999), level-set method (Smereka, 2003), and the front-tracking method of Unverdi and 
Tryggvason (1992). The assumption of the sharp-interface is not always appropriate (Anderson et al., 
1998) as the thickness of the interface may not be negligible comparing to the relevant scales 
especially near the critical temperature. Anderson et al. (1998) present a review of the models and 
methods that can be applied for simulations of diffuse-interfaces of finite thickness. An innovative 
approach by Lakehal et al. (2003) based on pseudo-spectral DNS of turbulent wavy flow at low 
Reynolds number is to be mentioned as a very accurate tool, but like all today's DNS studies - limited 
to a narrow range of flows with low Reynold number and low subcooling rates on the order of 10 K.  
Another option for multidimensional simulations of two-phase flows is a two-fluid model, which can 
be traditionally found in 1D nuclear thermal-hydraulic codes like CATHARE (Bestion, 1990) and 
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RELAP (Tiselj, Černe, 2000, Prošek, Mavko, 1999). The multidimensional two-fluid models with 
suitable algorithms for tracking of the "major" interfaces, might be an alternative to the pure interface 
tracking methods, which fail when the surface characteristic scales become comparable or smaller than 
the grid size; see the paper by Yadigaroglu (2005) for discussion about two-fluid and interface 
tracking models of two-phase flow. An example of such two-fluid model is used in CFD code CFX, 
which was used by Mouza et al. (2001) for simulation of the 3D wavy stratified flow without 
condensation. Berthelsen and Ytrehus (2005) performed 2D simulation of stratified flow in a pipe 
assuming steady-state turbulent flow without condensation. A further example of multidimensional 
two-fluid model for stratified flow can be found in a paper by Line and Lopez (1997), where the 
results for wavy stratified flow are shown. Simulations of stratified flow with a 2D two-fluid model 
were further performed by Yao et al. (2003), who made simulations of stratified flow with and without 
the condensation. 2D CFD simulations of ECC injection of subcooled water into horizontally stratified 
hot leg flow were performed by Coste (2004) using two-fluid model with interfacial heat and mass 
transfer model based on surface renewal concept. Boucker et al. (2004) simulated DCC with 
NEPTUNE_CFD (Lavieville et al., 2005) in COSI experimental device, where temperature profiles 
were in quite good agreement with experiment. Scheuerer et al. (2007) simulated DCC in LAKOON 
experimental device (Hein et al., 1995) and achieved a good agreement between the measured and 
calculated condensation rate. The local temperatures in simulation were underestimated. Coste (2007, 
2008) introduced a method for friction and turbulence around large interfaces in simulations with two-
fluid model.  The large interface seen by the method is made of three layers. The thickness of each 
layer is one cell. The interfacial friction in this model is assumed to be the resultant of a wall-like 
friction in the plane parallel to the large interface and of inclusion-like drag in the perpendicular 
direction. The method is implemented in the NEPTUNE_CFD code and qualified on an air-water 
stratified flow experiment and steam/water stratified flow (COSI) experiments. The same method is 
used in our simulations.  
The goal of performed simulations is to validate the condensation and drag force model, for prediction 
of emergency core cooling behaviour during loss of coolant accident (LOCA) in light water nuclear 
power plants. There have not been many transient CFD simulations of direct contact condensation in 
horizontal pipes with such a large topology changes, which can also occur during LOCA. The goal is 
also to analyze the phenomena of stratified-to-slug flow transition and bubble entrapment in KFKI 
experiments. The reason for bubble entrapment (Kelvin-Helmholtz instability or reflection of wave 
from the end of the pipe), which cannot be recognized only from the experimental results is explained.  
 
2. KFKI Experiments 
 
The plan of the KFKI condensation induced water hammer experiment and the experimental initial 
conditions are based on the recommendations of a NUREG report, prepared by Griffith (1996). For the 
steam bubble collapse induced water hammer, several conditions must be met in order for one to 
occur. These states, operations and geometries were identified in development of the experimental 
facility shown in fig. 2. Test section of the water hammer facility in fig. 2 consists of a 2.8 m long 
horizontal pipe with inner diameter 73 mm. Steam generator (SG in fig. 2) supplies vapour for the test 
section through the vapour inlet head which extends the horizontal test section for 0.2 m and serves as 
a 90 degree bend and as an inertia block (mass 200 kg). The pipe to steam generator remains open 
during the experiment. Liquid inlet head geometry is similar to the vapour inlet head; the distance 
between the centres of both inlet heads is 3.20 m. Steam-line section connected to the condenser is 
isolated in the water hammer experiment. The supply of cold water is obtained with a 75 litre water 
tank (WT in fig. 2) pressurized with nitrogen and connected to the bottom of the vertical steam-line 
section below the liquid inlet head. Water is injected by opening of the valve in the injection line 
(inner diameter 24 mm). 
Water hammer experiments at the PMK-2 device were performed at initial steam pressures between 10 
and 40 bar and at tank liquid water temperatures between 17 and 140 °C. Cold water mass flow rates 
were between 0.7 and 1.7 kg/s. Before the start of each experiment the whole construction was heated 
with steam for a few hours. The water tank flow rate can be considered as constant during the 
transient. 
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Figure 2: Schematic view of the KFKI experimental device. 

 
Instrumentation used in the experiment: 

• Wire-mesh sensor (WM in fig. 2) measures cross-sectional distribution of vapour volume. 
• Four local void probes with integrated thermocouple (T1-T4 in fig. 2). 
• Three pressure transducers (P1-P3 in fig. 2). 
• Two displacement cells - strain gauges measuring axial and radial strain behind the vapour 
and liquid inlet heads. 

 
2.1. Experimental results 
 
There were 35 water hammer experiments performed at PMK-2 device and described in the reports by 
Prasser et al. (2004a, 2004b). The most important results for the present research are actually 
temperature measurements, a mesh sensor vapour volume fraction measurements, and local void 
fraction and not the water hammer pressure peaks, since only experiments without water hammer were 
analyzed. There are 7 experiments without water hammer, all of them were simulated, but only the 
results for experiment no. 27 are presented, since conclusions for all of them are the same. 
 It is important to stress the rather large uncertainty of the experiments - especially the maximum 
recorded pressure peaks: two experiments performed at very similar initial conditions can give very 
different pressure peaks with a difference of factor ~2 not uncommon. Repetition of the particular 
experiment with the same initial conditions has pointed to a rather stochastic nature of the phenomena 
with not very good reproducibility of the measurements.  
Since accurate modelling of the hot steam condensation on the cold water is an essential prerequisite 
for accurate water hammer simulations, the present paper focuses on the experimental cases where no 
water hammer appeared. In most of the experimental cases, slow flooding of the pipe was abruptly 
interrupted by a strong slugging and water hammer. Even the selected experimental cases without 
water hammer pressure peaks exhibited the onset of a minor slugging, which is again not very 
deterministic when one wants to predict the exact time and position where the slug bridges the pipe. 
During experiment cold water is slowly flooding the pipe. Some smaller slugs are formed already in 
the lower horizontal part. These slugs entrap bubbles, which condense and cause a significant 
turbulent mixing of the incoming liquid. Later the filling of the vertical pipe follows. We are interested 
in phenomenology in upper horizontal pipe where all measurements were performed. During the 
flooding of horizontal pipe surface waves and later slugs are formed due to the Kelvin-Helmholtz 
instability of the surface or reflection of wave at the end of the pipe. Bubble condenses and mixes the 
liquid water, which decreases liquid water temperature at the interface and increases the condensation 
mass transfer rate. The estimate of the Reynolds number shows that the flow in the liquid layer is 
turbulent (Re larger than ~10000) The cold water is heated up mainly due to condensation and only 
small part of heat up is do to structure (9-12 K average estimation). 
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3. Simulations with NEPTUNE_CFD 
 
The experiment is simulated with a CFD code NEPTUNE_CFD (Lavieville, 2005) that is developed 
within the framework of the NEPTUNE project, financially supported by CEA (Commissariat à 
l'Énergie Atomique), EDF (Électricité de France), IRSN (Institut de Radioprotection et de Sûreté 
Nucléaire) and AREVA-NP. It has been specifically designed for transient simulations of multiphase 
flows in nuclear engineering. The 6-equations model with two mass, momentum and energy balance 
equations is implemented in the code. The NEPTUNE_CFD is used and validated within the 
NURESIM project (6th framework program of EU) for simulations of critical heat flux, boiling 
(Končar, 2007) and pressurised thermal shock. One of the goals of the NURESIM project is to develop 
CFD tool with validated models for simulation of transients in nuclear power plants. The experiment 
was simulated also with code CFX, but we found that in simulations with CFX CPU time is longer and 
mass conservation is not sufficiently accurate. 
The computational domain shown in fig. 2 is discretized with a 3D structured grid.  Initial conditions 
represent the pipe filled with steam at saturation temperature and boundary conditions are mass flow 
rate of water inlet and pressure at steam inlet. The simulations of experiment no. 27 are presented in 
this paper. The water mass flow rate in this experiment is 0.73 kg/s and temperature is 110 °C. The 
initial pressure in steamline is 30 bar and temperature is 297 °C. Our tests have shown that the whole 
experimental device must be simulated and not only the upper horizontal pipe (Štrubelj, 2007a), due to 
the significant preheating of cold water that exists already in the lower horizontal pipe. Most of the 
heating of liquid comes from the vapour condensation, while the heating of liquid due to the structure 
is small and was not simulated. 
 
3.1. Models 
 
Simulations with NEPTUNE_CFD are performed with real gas properties (CATHARE code steam 
tables). More about models and numerical methods can be found in NEPTUNE_CFD documentation 
(Lavieville, 2005). Here only the crucial physical models for the present research are described. The k-

ε turbulence model was used for both phases. The interphase mass transfer was calculated as source 
per unit volume mAΓ = & , where interphase area density is A α= ∇ . Interphase mass flow rate per unit 

interfacial area is calculated as: 

( )
,

L sat L

V sat L

HTC T T
m

h h

−
=

−
&  (1) 

where HTCL stands for liquid heat transfer coefficient, hL for liquid enthalpy, hV,sat for saturation 
enthalpy of vapour, TL for liquid temperature and ( )sat satT T p=  for saturation temperature.  

Two condensation models for heat transfer coefficient are compared. The first is calculated using 
surface renewal theory introduced by Hughes and Duffey (1991). This model is called Hughes-Duffey 
(HD) model in the present paper: 

Nu t
L

L

HTC L

λ

⋅
=  (2) 

1/22
Nu Re PrL t

π
=  (3) 

where Pr is Prandtl number, NuL is Nusselt number of liquid and Ret turbulent Reynolds number of 
liquid. Most of the other models of condensation in stratified flow (Banerjee et al., 2004) also 
calculate the heat transfer coefficient as a more or less similar function of Reynolds and Prandtl 

numbers: Nu Re Pra b
L tConst= . Nevertheless, the turbulent Reynolds number in (3) is actually 

calculated from the local parameters as: 

Re t t
t

L

L u

ν
=  (4) 

where νL is liquid viscosity, Lt is length scale and ut velocity scale, which are calculated from liquid 
turbulence kinetic energy kL and turbulence dissipation εL: 
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The turbulence quantities of steam at inlet are zero. The turbulence intensity of water at inlet was 
taken as 5% in most of simulations although the measurements are not available. However tests with 
zero initial turbulence have not shown any influence on the results. The interfacial momentum 
transfer, usually drag closure law must also be defined in two-fluid model. The drag closure law 
implemented in combination with HD model is similar to bubble drag if liquid volume fraction is high 
and is similar to droplet drag if liquid volume fraction is low. The drag is implemented in such a way 
that can successfully simulate free surface flows (Lavieville, 2005). 
Interfacial momentum transfer model, in this paper called Large Interface (LI) model developed by 
Coste (2007) was also tested. The large interface seen by this method is made of three layers. The 
thickness of each layer is one cell. The interfacial friction in this model is assumed to be resultant of a 
wall-like friction in the plane parallel to the large interface and of inclusion-like drag in the 
perpendicular direction. In other words, it is a non-isotropic friction. A momentum exchange between 
the layers of model is calculated, in order to obtain results that are not dependant on the location of the 
interface with respect to the mesh. Turbulence is taken into account by means of a k-ε turbulent model 
in each phase, with a special treatment of the turbulent kinetic energy production at the large interface 
as presented by Coste (2007, 2008). 
From our experience the best results are obtained in combination of LI interfacial friction model and 
heat transfer coefficient model proposed by Coste (2004, 2008), where turbulent Reynolds number is 
calculated from turbulence quantities similar as in HD model. The heat transfer coefficient model is 
similar to HD model and comes from surface renewal model with renewal frequency, which is defined 
with Kolmogorov length scale and turbulent velocity. In all simulations with LI model this 
condensation model is implemented. 

7/8 1/2Nu 2.7Re PrL t=  (7) 

Let me summarized that two sets of models were compared: 
• Hughes-Duffey (HD) model consists of Hughes-Duffey condensation model eq. (3) and drag 

model based on bubble/droplet drag,  
• Large Interface (LI) model consist of 3 cell layer model for interfacial friction and 

condensation model based on surface renewal model with renewal frequency, which is defined 
with Kolmogorov length scale and turbulent velocity eq. (7). 

The simulations were performed on 2 different meshes: coarse mesh with 8 elements in pipe diameter 
(total of 6,465 hexa elements) and fine mesh with 16 elements in pipe diameter (total of 34,638 hexa 
elements). The computational time is 37 CPU-days on fine mesh. Rather small timestep must be used 
due to large inlet velocity of water and long time needed to fill the whole pipe system. 
 
3.2 Results  
 

The experiment no. 27 is simulated. The pressure measurements in this case give no usable 
information, since no water hammer appears in experiment. The local void measurements were not 
compared to simulation results, since the presence of cold liquid water or hot steam can also be 
observed from local temperature measurements. The local temperatures measured in experiments (the 
cold water temperature increase) give the only information about the mass of condensed steam and 
suitability of used condensation model. Nevertheless, even the local temperatures are highly affected 
by slug formations, the condensation of bubbles, entrapped by slugs, and mixing of liquid water. The 
total mass of condensed steam in experiment was calculated to be around 1.1 kg, however, this 
variable was not measured in the experiment. The important result of the simulations is that mass of 
the condensed steam does not significantly changes with mesh refinement (±2%), while the mesh 
refinement has larger effect on local temperature development especially in simulations with HD 
model. The temperature development is not the same in two experimental runs with the same 
conditions, since small change in any parameter changes the onset of slugging and following 
temperature development. In simulations, we have found that change of some parameter or even mesh 
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will result in different local temperature development. The round-off error do not have any major 
influence on results, more important is the mesh and the most important is the choice of physical 
model for condensation and momentum transfer between the phases. 
Volume fraction in upper horizontal steamline in simulation of experiment 27 with HD model is given 
in fig. 3. The Kelvin-Helmholtz instability appears at 12.25 s. The wave grows to the pipe wall and 
slug is formed. The bubble is entrapped by the slug at 12.3 s and at 12.45 s the bubble completely 
condenses. At this time the condensation mass transfer rate peak (fig. 8) is also observed.  
In simulations with LI model, the reason for bubble entrapment is not Kelvin-Helmholtz instability but 
reflection of the wave from the end of the pipe. The amplitude of the wave is increasing and finally it 
reaches the pipe wall. The entrapped bubble is larger then in simulations with HD model.  
The temperature increase is the largest far away from the vertical inlet to horizontal pipe (fig. 5), since 
the water is in contact with the saturated steam for longer time. Almost all the water right from the 
slug is at saturation temperature.  
The condensation rate is the largest at the end and at the beginning of the slug (fig. 6). The pressure 
inside the bubble is smaller than outside that is right of the slug. This pressure difference is the moving 
force for slug and is the largest just before bubble completely condenses.  
Maximum heat transfer coefficient in simulations is up to 4,000,000 W/m2K and average between 
3000 to 200,000 W/m2K. Local condensation mass transfer is up to 3,500 kg/m3/s and is increasing 
with the mesh refinement, since the interface is smeared over smaller distance. The heat transfer 
coefficient is increased during the transition form the stratified into the slug flow and bubble 
condensation. The turbulence quantities on which heat transfer coefficient depends (turbulence kinetic 
energy and turbulent dissipation) are increased during the bubble condensation. Nevertheless, no water 
hammer was observed in experiment and in the simulations. 
 

 
Figure 3: Volume fraction in upper pipe in simulations with Hughes-Duffey model at different times 

(blue – water, red – steam). 
 

 
Figure 4: Volume fraction in upper pipe in simulations with Large-Interface model at different times 

(blue – water, red – steam). 
 

 
Figure 5: Temperature in upper pipe in simulations with Large-Interface model at different times (blue 

– water inlet temperature = 110 °C, red – steam saturation temperature = 234 °C). 
 

 
Figure 6: Condensation mass rate in upper pipe in simulations with Large-Interface model at different 

times (blue – zero, red – maximum). 
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The local temperatures give us more information since they can be compared to measured ones. The 
local temperatures development in simulation with HD model of the experiment no. 27 on 2 different 
meshes and experiment at measuring point T1-T4 are plotted in fig. 7. The decrease of temperature 
means that the measuring point is flooded with liquid water.  The temperatures in simulations do not 
exactly follow the experimental one and are quite different in simulations on two different meshes. In 
fig. 7 the measuring point T1 was first flooded with liquid water and then steam is located at 
measuring point and afterwards again cold water. At measuring point T1 the heat up of water in 
simulation is underestimated, at measuring points T2 and T3 the water heat up in simulation is 
comparable to the one in experiment and at measuring point T4 the water heat up in simulation is 
overestimated. The temperature development in simulations is not in good agreement with 
experimental measurements. 
 

  

  
Figure 7: Temperature in experiment (exp) and simulations with Hughes-Duffey (HD) on two meshes 

(H8, H16) plotted on 4 measuring points versus time (see fig. 2 for locations of thermocouples). 
 
The prediction of local temperatures in simulations with LI model is better and the temperature 
development less depends on mesh refinement as in simulations with HD model. The time of first 
temperature decrease on measuring point T1 (fig. 8, left-up) is well predicted. At this time cold water 
floods the measuring point. The temperature peak, that means that steam bubble is present on 
measuring location, is also predicted by simulation, but is better predicted on coarser mesh. The first 
water flooding on measuring point T2 (fig. 8, right-up) is observed in simulation 1 s later as in 
experiment. In experiment two short temperature decreases are observed, but in simulations only one 
is present. The final temperature decrease is 1.5 s later in simulations and final temperature is 
comparable to the experimental one. There are fewer temperature oscillations in simulations at T3 (fig. 
8, left-bottom), but the timing of first larger temperature decrease is missed for 1.5 s. The final 
temperature is comparable to experimental one. The first two timings of temperature decrease at T4 
(fig. 8, right-bottom) are slightly later than experimental ones. The final temperature is overestimated 
in simulations. Contrary the final temperature is underestimated at T1, one of possibilities for 

T1 T2 

T3 T4 
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underestimation at T1 could be heat capacity of the structure that was not taken into account or too 
small mixing in the water. 
 

  

  
Figure 8: Temperature in experiment (exp) and simulations with Large-Interface model (LI) on two 

meshes (H8, H16) plotted on 4 measuring points versus time (see fig 2 for locations of 
thermocouples). 

 

 
Figure 9: Overall condensation mass transfer [kg/s] versus time in simulations with Hughes-Duffey 

model (HD – left ) and with Large-Interface model (LI - right) on two meshes (H8, H16). 
 

The condensation rate on the whole domain is plotted in fig. 9. We can clearly define different 
locations of condensation in simulation with HD model (fig. 9, left): condensation in the lower 
horizontal part (time interval 0 to 3 s), much less intensive condensation in the vertical part (3 to 8 s), 
since the interfacial area is much smaller and condensation in the upper horizontal part. The beginning 
of the condensation mass transfer peak corresponds to the slug formation. The peak of the 
condensation mass transfer rate corresponds to the time of the condensation of bubble entrapped by 

T1 T2 

T3 T4 
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the slug. The peak is due to the increased heat transfer coefficient and mixing of liquid water, which 
decreases the liquid water temperature at the interface. The comparison with experiment is not 
possible since this variable was not measured. The condensation rate is nearly the same on both 
meshes. The peaks corresponds to bubble entrapment and condensation. 
 
4. Conclusions 
 
Condensation of hot steam on the cold liquid that is slowly flooding the horizontal pipe, has been 
modelled with the computer code NEPTUNE_CFD. The experimental results were obtained from the 
condensation induced water hammer experiments performed on the steam-line of the PMK2 device. In 
most of the experimental cases, slow flooding of the pipe was abruptly interrupted by a strong 
slugging, which was often followed by the strong water hammer induced pressure surges. The pressure 
surge modelling turned out to be beyond the capabilities of the considered codes, thus the focus in the 
present work is on the selected experimental runs performed at higher initial pressures and 
temperatures, where transition from the stratified into the slug flow was not accompanied by the water 
hammer pressure peaks.  
The basic physical model in both NEPTUNE_CFD code is 6-equation two-fluid model, with the key 
sub-model for the present work being the liquid heat transfer coefficient and interfacial momentum 
transfer model. Two set of simulations were performed. The first are simulations with Hughes-Duffey 
(HD) model for condensation and drag model based on bubble/droplet drag. The second simulations 
are performed with slightly modified model for condensation and Large Interface (LI) model for 
interfacial momentum transfer (Coste, 2007, 2008). Turbulent quantities required by the condensation 
model were obtained from the k-ε turbulence model with turbulence production at interface. 
The main parameters of the simulations compared with the experiments were liquid temperature rises 
in several points along the pipe. The final liquid temperatures at the measuring points do not depend 
on the details of the slugging and bubble condensation, but rather on the mixing, which was caused by 
all the slugs that appeared in the pipe during the transient. The water heat up due to condensation gave 
us some information about the suitability of the applied combination of condensation model. The local 
temperature evolution depends on condensation model and interfacial momentum transfer model, 
including drag closure law and turbulence production at the interface. The local temperature evolution 
was much better predicted with LI model, that is why the used Large Interface model is appropriate for 
stratified flows with direct contact condensation. 
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Abstract 
 
Stratified two-phase flows were investigated at two test facilities with horizontal test-sections. For 
both, rectangular channel cross-sections were chosen to provide optimal observation possibilities for 
the application of optical measurement techniques. In order to show the local flow structure, high-
speed video observation was applied, which delivers the high resolution in space and time needed for 
CFD code validation. 
 
The Horizontal Air/Water Channel (HAWAC) is made of acrylic glass and allows the investigation of 
air/water co-current flows at atmospheric pressure and room temperature. At the channel inlet, a 
special device was designed for well-defined and adjustable inlet boundary conditions. For the 
quantitative analysis of the optical measurements performed at the HAWAC, an algorithm was 
developed to recognise the stratified interface in the camera frames. This allows to make statistical 
treatments for comparison with CFD calculation results. As an example, the instable wave growth 
leading to slug flow is shown from the test-section inlet. Moreover, the hydraulic jump as the quasi-
stationary discontinuous transition between super- and subcritical flow was investigated in this closed 
channel. The structure of the hydraulic jump over time is revealed by the calculation of the probability 
density of the water level. A series of experiments show that the hydraulic jump profile and its 
position from the inlet vary sensibly with the inlet boundary conditions due to the momentum 
exchange between the phases. 
 
The second channel is built in the pressure vessel of the TOPFLOW facility, which is used to perform 
air/water and steam/water experiments at pressures of up to 5.0 MPa and temperatures of up to 264°C, 
but under pressure equilibrium with the vessel inside. In the present experiment, the test-section 
represents a flat model of the hot leg of the German Konvoi pressurised water reactor scaled at 1:3. 
The investigations focus on the flow regimes observed in the region of the elbow and of the steam 
generator inlet chamber, which are equipped with glass side walls. An overview of the experimental 
methodology and of the acquired data is given. These cover experiments without water circulation, 
which can be seen as test cases for CFD development, as well as counter-current flow limitation 
experiments, representing transient validation cases of a typical nuclear reactor safety issue. 
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1. INTRODUCTION 

In the event of a loss-of-coolant-accident (LOCA) in a pressurised water reactor (PWR), emergency 
strategies have to be mapped out, in order to guarantee a safe removal of the decay heat from the 
reactor core, also in case of component breakdown. In different scenarios of small break LOCA, 
stratified two-phase flow regimes can occur in the main cooling lines of pressurised water reactors. 
For instance, a natural co-current two-phase flow circulation can appear in the primary circuit or a 
counter-current flow in the hot leg during the reflux condenser mode. The intermittent flow regimes 
especially are relevant for the reactor safety. During the reflux condenser mode, high steam flow rates 
can for example induce slug flow and initiate a counter-current flow limitation (CCFL), which would 
affect the core cooling. 
 
For the validation and optimisation of accident management strategies, such transient scenarios are 
reproduced in dedicated facilities or rather simulated. The use of one-dimensional system codes is 
state of the art, but these programs are not able to predict important flow conditions with the required 
accuracy and spatial resolution. In particular the CCFL conditions are dominated by 3D effects, which 
requires the use of a computational fluid dynamics (CFD) approach. However, the actual CFD codes 
applied to two-phase flows do not meet the high level of confidence needed in the field of nuclear 
reactor safety. Especially the closure models for turbulence and interfacial transfer embedded in CFD 
must be validated to allow reliable simulations. Therefore, high-resolution experimental data is needed 
for comparison with CFD calculations. 
 
In order to support these tasks, two experimental facilities were built at Forschungszentrum Dresden-
Rossendorf (FZD) for the investigation of stratified flows. The Horizontal Air/Water Channel 
(HAWAC) is dedicated to generic co-current flow experiments at atmospheric pressure and room 
temperature. A special inlet device offers well-defined inlet boundary conditions for comparisons with 
CFD. Furthermore, a model of the hot leg of a PWR was installed in the pressure vessel of the 
TOPFLOW facility (Transient twO Phase FLOW) of FZD. The “hot leg model” allows the 
investigation of co- and counter-current flows under reactor typical boundary conditions (steam/water 
at pressures up to 5.0 MPa and saturation temperature). In both facilities, optical observation of the 
flow were performed and an algorithm was developed for the detection of the interface in the camera 
frames. Furthermore, statistical treatments of the data are presented showing the global structure of the 
interface, which can be used for comparison with CFD. This contribution gives an overview of the 
achieved results. 

2. AIR/WATER EXPERIMENTS IN THE HAWAC TEST FACILITY 

2.1. The Horizontal Air/Water Channel (HAWAC) 
Experiments were carried out at the Horizontal Air/Water Channel (Fig. 1), witch is devoted to co-
current flows. A special inlet device provides defined inlet boundary conditions by a separate injection 
of water and air into the test-section. The test-section is 8 m long and its cross-section dimensions are 
100 x 30 mm² (height x width). Therefore, the length-to-height ratio L/H is 80. Alternatively, related to 
the hydraulic diameter, the dimensionless length of the channel is L/Dh = 173. 
 
The inlet device (Fig. 2) is designed for a separate injection of water and air into the channel. The air 
flows through the upper part and the water through the lower part of this device. Because the inlet 
geometry produces perturbations in the flow (bends, transition from pipes to rectangular cross-
section), 4 wire mesh filters are mounted in each part of the inlet device. The filters are made of 
stainless steel wires with a diameter of 0.63 mm and have a mesh size of 1.06 mm. They aim at 
providing homogenous velocity profiles at the test-section inlet. Moreover, the filters produce a 
pressure drop that attenuate the effect of the pressure surge created by slug flow on the fluid supply 
systems. 
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Fig. 1: Schematic view of the horizontal air/water channel (HAWAC) 

 
Air and water come in contact at the final edge of a 500 mm long blade that divides both phases 
downstream of the filter segment. The free inlet cross-section for each phase can be controlled by 
inclining this blade up and down. The inclination of the blade is measured over the cross-section 
opening for the water (see red graduation in Fig. 2). Both, filters and inclinable blade, provide well-
defined inlet boundary conditions for the CFD model and therefore offer very good validation 
possibilities. 
 

 
Fig. 2: The inlet device 

 
The water flow rate is measured with a paddle-wheel flow transmitter and is adjusted via the 
frequency inverter of the pump motor. The air flow rate is measured and controlled with the thermal 
mass flow meters of the TOPFLOW-facility. These are mounted in parallel in order to ensure a high 
precision over a large measuring range. The flow rates are measured with an accuracy of ±0,2 l/s for 
the water and ±1,5% for the air. The maximum superficial velocities achieved in the test-section are 
2 m/s for the water and 8 m/s for the air. 

2.2. Flow regimes and flow pattern map of the HAWAC 
A flow pattern map (Fig. 4) was arranged on the basis of visual observations of the flow structure at 
different combinations of the gas and liquid superficial velocities. The observed flow patterns are: 
 •  1 - stratified flow 
 •  2 - wavy flow 
 •  3 - elongated bubble flow 
 •  4 - slug flow 
Further, sub-categories were defined to consider the slug generation frequency and the appearance of 
elongated bubbles in the channel: 
 •  a - sporadic (transition regime) 
 •  b - periodic, but only one type of structure (either slug or elongated bubble) 
 •  c - periodic and several types of structure simultaneously 
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Fig. 4: Flow pattern map for the rectangular channel (inlet blade in horizontal position) 

 
The adjustable inclination of the inlet blade separating the phases allows to influence the generation of 
the two-phase flow regime. The first contact between gas and liquid can be modified with the blade 
position: if the velocities at the end of the blade are similar, a smooth come together will be managed, 
else a perturbation can be introduced in the channel. Nevertheless, and despite a short channel length, 
the flow regime established at the end of the channel is not significantly affected by the blade 
inclination. 
 
Furthermore, it was observed that the position of the inlet blade not always defines the water level at 
the channel inlet. For example when the inlet blade is inclined upwards and the water flow rate is very 
low, the water flow separates from the lower surface of the blade. In this case, the initial water level is 
lower than the height of the outlet edge of the blade. To create proper inlet boundary conditions at 
these flow rates, the blade has to be inclined down. 

2.3. Optical measurements during slug flow 
The presented experiment was focused on the generation of slug flow. It was performed at following 
superficial velocities in the test-section: jL = 1.0 m/s for the water flow (i.e. 3.0 L/s) and jG = 5.0 m/s 
for the air flow (i.e. 15.0 L/s). Further, the inlet blade was horizontal and therefore the cross-section 
opening at vertex of the inlet blade was 50 mm for each phase. Optical measurements were performed 
at the channel inlet with a high-speed video camera. The data presented in the following paragraphs is 
an example of the possibilities offered at the HAWAC facility. 

2.3.1. High-speed video observations and interface capture 
Due to the rectangular cross-section, the flow can be observed very well from the side of the duct. To 
make quantitative observations, the flow was filmed with a high-speed video camera at 400 frames per 
second. The following picture sequence (Fig. 5) shows an example of camera frames during slug 
generation. 
 

stratified flow 

elongated bubble flow slug flow 

wavy flow 
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Fig. 5: Measured picture sequence at jL = 1.0 m/s and jG = 5.0 m/s with ∆t = 50 ms  

(depicted part of the channel: 0 to 3.2 m after the inlet) 
 
To capture the gas-liquid interface in the camera frames, an image processing algorithm was 
developed. The capture method – illustrated in Figure 6 – consists in the following steps: 
 1. the synthesis of a background form the picture sequence by filtering out its dynamic 

component (Fig. 6-b); 
 2. a background subtraction with the image generated in step 1 (Fig. 6-c); 
 3. a pixel detection in each vertical line: - of the darkest pixel; 
       - of the minimum of a grey-level time variation; 
 4. picking out of the pixels detected in step 3, the one which fits best into a continuous interface 

line (Fig. 6-d). 
 
The capture method allows to represent the interface by a water level as function of the duct length z 
and the time t: h(x, t). This data was tabulated in text files. The accuracy of the interface detection 
algorithm depends on the thickness of the interface in the images. In the stratified flow regions, the 
interface thickness is quite thin with at most 3 pixels. Therefore, the accuracy of the water level 
measurement is there about ±1.5 pixels. This corresponds to ±3.9 mm for a picture resolution of about 
2.6 mm/pixel in this experiment. 
 

 a 

 b 

 c 

 d 

Fig. 6: Original picture (a), background picture (b), picture with subtracted background (c)  
and detected interface during slug flow (d) 

 
The accuracy is worse in the region of the slug front, where a two-phase mixture is generated (red 
circle in Fig. 6-c). This makes a definition of the water level difficult and induces sometimes 
unphysical fluctuations in the detected interface. In particular at the end of the visualised region 
(farther than 2.5 m from the inlet), where the slugs are developed, the interpretation of the water level 
measurement is delicate. 
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2.3.2. Water level measurement 
The water level in a cross-section as a function of time can be extracted from the function h(x, t) by 
keeping x constant. The water level was measured with a frequency of 400 Hz, which corresponds to 
the frame rate of the high-speed camera. Figure 7 shows an example of the resulting water level 
history for six chosen cross-sections identified by a colour on the picture above. The indicated axial 
positions are taken from the final edge of the inlet blade. Close to the inlet, Figure 7 shows a rather 
constant water level which develops into a clear wavy flow at a distance of around 1.0 m. Downstream 
of 1.5 m, slugs are irregularly generated. With higher inlet length, the number of water level peaks 
decreases pointing out that some slugs merge together and some others collapse. 
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Fig. 7: Time-dependent water level in chosen cross-sections during slug flow  

(measuring frequency: 400 Hz) 

2.3.3. Statistical treatment of the measured water levels for comparison with CFD 
Since a direct comparison of the measured water levels with CFD results is difficult (how to 
synchronise both?), a statistical approach is proposed. First, a time averaged water level was calculated 
and bounded by the standard deviation in each cross-section (Fig. 8). This results in a mean water level 
profile along the channel which reflects the structure of the interface. Furthermore, the standard 
deviation σ quantifies the spread of the measured values which originates in the dynamic of the free 
surface. 
 
In the first part of Figure 8, a slight increase of the mean water level from 50 mm at the inlet to 58 mm 
is observed as well as a low standard deviation. Both are characteristic for the supercritical flow 
(Fr ≥ 1) obtained at the test-section inlet. In fact, in a supercritical flow the pressure drop due to wall 
friction results in an increase of the water level. Furthermore, only small supercritical waves can 
propagate in such a flow. Around the maximum of the mean water level reached at about 0.9 m from 
the inlet, the standard deviation increases quickly up to about 18 mm. This points out the rapid wave 
growth induced by the high air velocity in this zone. In the downstream region, where the slugs are 
generated and propagate, the mean water level decreases to an asymptotic value of about 30 mm. This 
shows an acceleration of the water flow, which can be attributed to the momentum exchange between 
the phases. 
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Fig. 8: Time averaged water level bounded by the standard deviation 

2.4. Investigations on the hydraulic jump in a closed channel 

2.4.1. The hydraulic jump phenomenon 
The hydraulic jump is the discontinuous transition between super- and subcritical flow, and is well-
known in open channel flow (e.g. Henderson, 1966). As shown in Figure 9, it is characterised by a 
steep rising of the water surface with a high turbulence zone and possible gas entrainment. 
 
 supercritical flow hydraulic jump subcritical flow 

 
Fig. 9: Side view of a hydraulic jump in a horizontal channel 

 
The classical approach for open channel flows (Hager, 1992) defines the flow conditions in a cross-
section with the Froude number: 
 Fr = v / c  (1) 
where v is the averaged cross-sectional velocity and c the celerity of shallow water waves, which are 
commonly expressed as follows: 

 
hW

Vv
⋅

=
&   (2) 

 hgc ⋅=   (3) 

Here, V&  is the water volume flow rate, W the channel width, h the water level and g the gravitational 
acceleration. 
 
The subcritical flow is defined by Fr < 1, which means that waves can propagate downstream as well 
as upstream. The supercritical flow is characterised by Fr > 1 and implies that waves can only 
propagate downstream. Therefore, a perturbation cannot influence the flow in the upstream direction: a 
supercritical flow is upstream controlled. In the hydraulic jump, the kinetic energy of the supercritical 
flow is converted into potential energy, leading to the steep rising of the water level, and into heat over 
the turbulent energy dissipation. 
 
Contrary to the hydraulic jump in open channel flows, in conduits the jump height is limited. 
Moreover, an air flow in the conduit possibly influences the jump over interfacial momentum transfer. 
Therefore, combined with the high turbulence dissipation, the hydraulic jump is an interesting quasi-
stationary test case for two-phase flow models. 
 

inlet 

average 

average ± σ 
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2.4.2. Experimental methodology 
Optical measurements were performed with a high-speed video camera at 60 frames per second and 
the interface capture method presented in section 2.3.1. was applied to the pictures of the hydraulic 
jump. A resolution of about 0.75 mm/pixel was obtained in these experiments. As mentioned 
previously, the accuracy of the interface detection algorithm depends on the thickness of the interface 
in the images. In the stratified flow regions, the interface thickness is quite thin with at most 10 pixels. 
Therefore, the accuracy of the water level measurement is there about ±5 pixels, which corresponds to 
±3.7 mm. The accuracy is worse in the turbulent region of the hydraulic jump, in particular when 
bubbles are entrained in the liquid phase. In such cases, the interface may be more than 20 pixels thick, 
which sometimes induces higher fluctuations in the detected interface. 
 
The hydraulic jump realised in the HAWAC test-section is a stationary phenomenon. However, the 
interface is very dynamic because of the high turbulence in the jump. Therefore, a statistical approach 
is proposed in order to reflect the structure of the interface over time. The probability distribution of 
the water levels was calculated in each vertical cross-section for the complete measuring time. The 
number n(x, y) of water levels measured at the pixel with the coordinates (x, y) were summed up over 
the total number of frames N and the probability density p was calculated as follows: 

 ( ) ( )
N

y,xny,xp =   (4) 

Since for each frame, one single water level is detected in each vertical line, the sum of the 
probabilities in a cross-section x is equal to unity: 

 ( ) 1y,xp,constx
Hy

0y
==∀ ∑

=

=

  (5) 

As an example, one of the experiments was chosen to represent the calculated probability distributions 
according to a coloured scale (Fig. 10). This run was performed at following boundary conditions: 
 •  water flow rate:  1.4 L/s  (i.e. jL = 0.47 m/s) 
 •  air flow rate:  1.55 L/s (i.e. jG = 0.516 m/s) 
 •  inlet blade position: 26/74 mm (water/air) 
Figure 10 shows thin distributions with high probability densities in the supercritical flow region, 
indicating a relatively stable interface. The beginning of the hydraulic jump is smeared and the 
probability decreases accordingly, which reveals the high turbulence in the interfacial area. In the 
second part of the flow transition, the distributions become thinner and the probability higher. 

Probability [-] 

 

≥1/2 
 
1/3 
 
1/6 
 
0 

Fig. 10: Representation of the probability density of the water level measured in a hydraulic jump 
(colours) over a picture of the background (black and white) for N = 672 frames (i.e. 11.2 s) 

2.4.3. Influence of the air flow rate on the hydraulic jump 
Experimental series were focused on the influence of the air flow rate on the hydraulic jump. 
Therefore, these experiments were performed at constant inlet boundary conditions for the water: the 
water flow rate was 1.4 L/s (i.e. superficial velocity in the test-section jL = 0.47 m/s) and the inlet bla-
de was inclined down to an inlet height of 26 mm for the water. At these conditions, a Froude number 
of about 3.6 is achieved in the inlet cross-section, which indicates a clear supercritical flow. Moreover, 
the cross-section opening for the air was 74 mm. Optical measurements were performed by variation 
of the air flow rate and were analysed using the methodology presented in the previous section. 
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The probability distributions of the water level were calculated for each run and are presented in 
Figure 11. Because the camera had to be moved during the experiments, the pictures show different 
parts of the test-section. For a simple comparison between the runs, the pictures were arranged in 
Figure 11 according to their relative position (reference flange at x = 1.5 m). At first, Figure 11 shows 
the strong dependence of the hydraulic jump axial position on the air flow rate. The hydraulic jump 
distance from the inlet was read out of the single pictures representing the probability distribution. 
Because this distance varies during the measuring time, the minimum and maximum axial positions 
were plotted in function of the air superficial velocity in Figure 12. This shows the increase of the 
hydraulic jump distance from the inlet with the air flow rate, pointing out the influence of the 
momentum exchange between the phases on the jump position. Furthermore, the increasing distance 
between minimum and maximum positions reflects the increasing smearing of the area where the jump 
begins with higher air flow rate. As shown in (Vallée, 2007-b), these increasing fluctuations point out 
the influence of the flow regime downstream of the hydraulic jump: during slug flow, larger 
amplitudes were observed than during elongated bubble flow. 
 

 

jG = 0.0103 m/s  
(N = 548 frames, i.e. 9.1 s) 

 

jG = 0.103 m/s  
(N = 800 frames, i.e. 13.3 s) 

jG = 0.516 m/s
(N = 672 frames, i.e. 11.2 s)

  

jG = 1.03 m/s
(N = 427 frames, i.e. 7.1 s)

x = 1.5 m 
Fig. 11: Influence of the air flow rate on the hydraulic jump represented by the probability density 

 
Moreover, Figure 11 shows an increase of the water level immediately before the hydraulic jump with 
higher air flow rate. This is due to the frictional pressure drop, which increases the water level in flow 
direction when Fr > 1. The variation of the water level immediately before the jump induces a 
variation of the Froude number, which is characteristic for the jump. As a result of the increasing 
water level, the Froude number at the jump beginning decreases with higher air flow rate. The 
decreasing Froude number results in a change of the jump appearance: the jump becomes flatter and 
its beginning smoother. This is qualitatively in agreement with studies conducted in open channel 
flows (Henderson, 1966) and with the experiments made by Stahl and Hager (1999) in a pipe. 
 
A test matrix consisting of
75 runs is available with
variation of the inlet blade
position between 15 and
55 mm for the water, with 
water flow rates ranging
from 1.0 to 3.0 L/s (i.e. 
jL = 0.34 to 1.0 m/s) and 
air flow rates from 0.03 to 
7.5 L/s (i.e. jG = 0.010 to 
2.5 m/s). 
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3. EXPERIMENTS IN THE HOT LEG MODEL OF THE TOPFLOW FACILITY 

3.1. The hot leg model 
The test section of the hot leg model is schematically shown in Figure 13. The main components 
consist of the test section itself, the reactor pressure vessel (RPV) simulator located at the lower end of 
the horizontal channel and the steam generator (SG) separator connected to the SG inlet chamber. The 
test section reproduces the hot leg of a pressurised water reactor from the German Konvoi type at a 
scale of 1:3. In order to provide optimal observation possibilities, the test section is not composed of 
pipes like in the original power plant, it is a 50 mm thick channel representing a cut through the 
vertical mid-plane of the hot leg and of the steam generator inlet chamber. Consequently, the test 
section is composed of a horizontal rectangular channel, a bend that connects it to an upward inclined 
and expended channel, and a quarter of a circle representing the steam generator inlet chamber. The 
horizontal part of test section is 2.12 m long and has a rectangular cross section of 0.05 x 0.25 m². The 
SG and RPV simulators are identical vessels with 0.8 x 0.5 x 1.55 m³ (D x W x H) cubic shape. 
 

 
Fig. 13: Schematic view of the hot leg model test section (dimension in mm) 

 
In order to visualise the flow over big size windows at high pressures, the hot leg model is operated 
under pressure equilibrium. This condition is realised in the pressure vessel of the TOPFLOW facility 
of FZD (Fig. 14), where the test section is installed in. For steam/water experiments, a special heat 
exchanger condenses the exhaust vapour from the test section directly in the pressure vessel. As shown 
in Figure 14, the cold end of this condenser is permanently connected with the inside atmosphere of 
the vessel in order to guarantee full pressure equilibrium at all times (Prasser, 2006). The vessel can be 
pressurised up to 5 MPa either with air for cold experiments or with nitrogen for steam experiments. 
Thanks to this method, the test section does not have to support overpressures and can be designed 
with thin materials. Furthermore, this allows to equip the test section with glass side walls for visual 
observations. This is realised in the bended region of the hot leg and of the steam generator inlet 
chamber as shown in Figure 13. The flow behaviour was recorded by a high-speed video camera at 
frequencies of 60 to 100 Hz and a shutter speed of 1/500 to 1/1000 s during 40 to 180 s. 
 
Furthermore, global parameters were measured via a data acquisition system running at 1 Hz, which 
was synchronised with the camera. A vortex meter was used to measure the injected water mass flow 
rate. The injected air mass flow rate was measured and controlled using thermal mass flow meters, the 
steam flow rate over the pressure drop through a Venturi tube. The temperature of the fluids were 
measured by thermocouples at various positions in the facility. Furthermore, the water levels in both 
separators were determined by the measurement of the differential pressure between the top and the 
bottom of the vessels with differential pressure transducers. The pressure drop over the test section 
was measured by a differential pressure transducer placed between the SG and RPV separators. These 
global parameters give important input or output values for the comparison with simulations. 
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Fig. 14: Schematic view of the experimental apparatus 

3.2. Hot leg experiments 
The following types of experiments were performed with air/water as well as steam/water: 
 • Experiments without water circulation for CFD validation purposes: the test section is filled 
with a certain amount of water and a constant gas flow rate is injected. The gas flowing through the 
hot leg model entrains the stagnant water, analogical to bubble column experiments. 
 • Simulation of the co-current two-phase flow natural convection: different combinations of 
water and gas flow rates are injected in the RPV simulator and flow to the SG separator. The water 
flow rate to the SG separator can be evaluated from the water level increase in this vessel. 
 • Generic investigation of counter-current flows for CFD validation purposes: water is injected 
from the SG side and flows through the test section to the RPV simulator, which is filled. When the 
water level in the RPV simulator and in the horizontal part of the hot leg is high enough, waves and 
slugs are generated and inhibit the water to flow to the RPV simulator. Therefore, the injected water 
accumulates in the SG separator. Theses experiments were repeated with different combinations of 
water and gas flow rates. 
 • Simulation of the reflux condenser mode and counter-current flow limitation: a constant water 
flow rate is injected in the SG separator and flows to the test section whereas the gas flow rate is 
stepwise increased up to CCFL conditions. The limitation of the water flow rate streaming through the 
test section (discharge water flow) is evaluated over the increase of the water level in the RPV 
simulator. Therefore, the water level in this separator is kept below the inlet nozzle of the hot leg. 
 • Simulation of deflooding conditions during reflux condenser mode: a constant water flow rate 
is injected in the SG separator and a high gas flow rate is injected in order to establish CCFL 
conditions. During a run, the gas flow rate is stepwise decreased until the breakdown of the CCFL and 
the achievement of a stable counter-current flow. Like in the flooding experiments, the water level 
increase in the RPV separator indicates the discharge water flow rate. 
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For all types of quasi-stationary experiments (all apart from the CCFL experiments), the test matrix 
was build in order to be able to cross different parameters: points with equal mass flow rate, equal 
superficial velocity and equal Wallis parameter were chosen. This allows to check the possible 
similarities involving these parameters for the experiments performed at different pressures. The 
boundaries of the parameters relevant for the experiments are indicated in table 1. 
 

Table 1: Main characteristics of the hot leg experiments 

experiments pressures temperature water flow rates (2) gas flow rates (2) total runs 

air/water 3.0 bar (1) room 0.3 - 0.9 kg/s 10 - 145 g/s (3) 
180 - 340 g/s (4) 66 

steam/water 1.5; 3.0; 5.0 MPa saturation 0.3 - 0.9 kg/s 35 - 1200 g/s 125 
 
Notes: 1. some single experiments were repeated at 1.5 and 5.0 bar 
  2. minimum and maximum values 
  3. for the quasi-stationary experiments 
  4. for the transient CCFL experiments 

3.3. Example of counter-current flow experiment 
As an example, a counter-current flow experiment was chosen to illustrate the available data. This run 
was performed at a system pressure of 3.0 MPa and a temperature of about 232°C, which is close to 
the saturation conditions. The mass flow rates were 0.85 kg/s for the water and 0.20 kg/s for the steam. 
Figure 15 shows the evolution of the water level in the separators and of the pressure drop over the test 
section. Before the beginning of slug flow generation in the test-section (t ≤ 20 s), the water injected in 
the SG separator flows through the test section to the RPV simulator (Fig. 16-a). Therefore, the water 
level in the SG separator is constant at about 0.86 m and the water level in the RPV simulator 
increases. At about t = 20 s, the water level reached in the horizontal part of the hot leg obstructs the 
steam flow enough to generate waves at the interface, which finally grow to slugs (Fig. 16-b). 
Consequently, the pressure difference between the separators increases and becomes unstable. 
Afterwards, the gas hindering the water to flow to the RPV, it accumulates in the SG separator. The 
mean pressure drop over the test section increases with the water level in the SG and the slugs become 
bigger (Fig. 16-c). 
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Fig. 15: Evolution of the water level in the RPV simulator (in blue) and SG separator (in green)  

and of the pressure difference (in red) during a counter-current flow experiment  
at 3.0 MPa with Lm& = 0.85 kg/s and Gm& = 0.20 kg/s 
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a) t = 0.00 s b) t = 23.00 s c) t = 80.00 s 

Fig. 16: Evolution of the flow during the steam/water counter-current flow experiment  
performed at 3.0 MPa with Lm& = 0.85 kg/s and Gm& = 0.20 kg/s 

3.4. Comparison with other counter-current flow experiments 
As an example, a series of counter-current flow experiments performed at similar Wallis parameters J* 
were compared. For the phase i, this dimensionless superficial velocity is given by: 

 
)( H g

jJ
GL

i
i

*
i ρ−ρ⋅⋅

ρ
⋅=   (6) 

where j is the superficial velocity and ρ the density of the fluid, g the gravitational acceleration and H 
the channel height. 
 
The boundary conditions of the compared experiments are given in table 2. The flow rates correspond 
to a Wallis parameter of about 0.050 for the water and about 0.094 for the gas. Figure 17 shows high-
speed camera pictures of the flow after an accumulation of water in the SG separator of about 1.0 m 
(i.e. at t = 60 s for the 3.0 MPa experiment – see Fig. 15). The aspect of the flow shown at different 
boundary conditions presents qualitative similarities. However, because of the unsteady character of 
slug flow, a detailed analysis of various global parameters is necessary to confirm these results. 
Furthermore, the application of image processing methods to the picture sequences like those 
presented in section 2 could deliver local information in order to complete this analysis. 
 

Table 2: Boundary conditions of the compared counter-current flow experiments 

gas / run number air / 24-12 steam / 17-13 steam / 13-08 steam / 15-15 
pressure [MPa] 0.3 1.5 3.0 5.0
temperature [°C] 20 - 25 197 232 262
gas flow rate [kg/s] 0.108 0.15 0.20 0.25
water flow rate [kg/s] 0.90 0.90 0.85 0.80
 

  
a) air/water – 0.3 MPa b) steam/water – 1.5 MPa 

steam 
water 
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c) steam/water – 3.0 MPa d) steam/water – 5.0 MPa 

Fig. 17: Example of images obtained at different pressures during counter-current flow experiments 

4. COMPARISON WITH CFD SIMULATIONS 

The high-speed camera pictures of the flow presented in the previous sections can be used directly for 
qualitative comparison with CFD. For more detailed analysis based on local information, quantitative 
results can be obtained from the application of the interface capture algorithm presented in section 
2.3.1. However, a comparison of these data with simulation results requires the definition of a surface 
similar to the interface observed in the camera pictures. This is evident for interface tracking methods 
(e.g. volume of fluid method) but necessitates actually to make assumptions while using methods 
without sharp interface modelling like the two-fluid model. In this case, one possibility could be to 
model the smeared appearing interface with an isosurface of void fraction. Afterwards, statistical 
treatments can be applied to the coordinates of this surface over time, exactly like for the experimental 
data, in order to compare both. The treatments proposed in this paper are the calculation of the 
averaged flow profile during slug flow (Fig. 8) or the representation of the probability density of the 
water level measured in a hydraulic jump (Fig. 11). 
 
Such a quantitative comparison was shown for the slug flow experiment in (Höhne & Vallée, 2008). 
Furthermore, this test case was calculated within the frame of the European NURESIM project with 
FLUENT at the Université catholique de Louvain (UCL), NEPTUNE_CFD at Électricité de France 
(EDF) and ANSYS-CFX by FZD. A comparison of the different simulation results with the experiment 
is given by Y. Bartosiewicz (2008). Moreover, pre-test calculations of hot leg model experiments were 
performed with ANSYS-CFX (Vallée et al., 2007-a). A comparison with the now available 
experimental results is planed. 
 
Not least, the presented HAWAC slug flow experiment was selected as benchmark case for primary 
circuits by the OECD/NEA-CSNI working group on the analysis and management of accidents 
(GAMA). 

5. SUMMARY AND CONCLUSIONS 

For the investigation of co-current two-phase flows, the horizontal air/water channel (HAWAC) was 
built at Forschungszentrum Dresden-Rossendorf (FZD). A special inlet device provides well defined 
as well as variable boundary conditions and therefore very good CFD code validation possibilities. A 
flow pattern map was arranged to show the potential of the HAWAC facility. Optical measurements 
were performed with a high-speed video camera. By an interface capture method, the water level can 
be measured in each observed cross-section. Afterwards, the water level history can be extracted from 
the image sequences. Further, statistical treatments of the data are proposed for a comparison of the 
interface structure with CFD. The evolution of the time averaged water level bounded by the standard 
deviation was shown along the channel during slug generation. For investigations on the hydraulic 
jump in a closed channel, a representation of the probability density of the water levels was used. 
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Furthermore, the TOPFLOW facility of FZD was extended by a new test section representing a flat 
model of the hot leg of the German Konvoi pressurised water reactor scaled at 1:3. The “hot leg 
model” is installed in a pressure vessel and is operated in pressure equilibrium with the inside 
atmosphere. This technique allows optical observation of two-phase flows over big size windows at 
pressures up to 5.0 MPa. Therefore, local flow information can be acquired under reactor typical 
boundary conditions (saturated steam/water flow) for CFD validation purposes. Different types of 
experiments were performed with air or steam and water in co- and counter-current by variation of the 
pressure and flow rates. An overview of the experimental methodology and of the recorded data was 
given. On one hand, the experiments without water circulation are dedicated test cases for CFD 
development. On the other hand, the counter-current flow limitation experiments represent challenging 
transient validation cases of a typical nuclear reactor safety issue. Exemplary pictures of the flow 
observed in the region of the elbow and of the steam generator inlet chamber were presented. 
 
In the next future, a detailed analysis of the global parameters (boundary conditions) acquired at the 
hot leg model is planed. Furthermore, the application of interface detection algorithms to the high-
speed camera pictures would allow to access to quantitative local flow information. 

NOMENCLATURE 

Sign Unit Denomination 
c  m/s celerity of shallow water waves 
Fr  - Froude number 
g  m/s² gravitational acceleration 
H  m channel height 
h  m water level 
J  - Wallis parameter 
j  m/s superficial velocity 
L  m channel length 
m&   kg/s mass flow rate 
N  - number of frames 
p  - probability 
t  s time 
V&   m³/s volume flow rate 
v  m/s velocity 
W  m channel width 
x  m horizontal coordinate 
y  m vertical coordinate 
 

Sign Unit Denomination 
ρ  kg/m³ fluid density 
σ  - standard deviation 
 
Indexes: 
G   gaseous phase 
L   liquid phase 
 
Abbreviations: 
CCFL  counter-current flow limitation 
HAWAC Horizontal Air/Water Channel of 
   the FZD 
LOCA  loss-of-coolant-accident 
PWR  pressurised water reactor 
RPV  reactor pressure vessel 
SG   steam generator 
TOPFLOW Transient Two Phase Flow test  
   facility of the FZD 
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Abstract: 

The investigation of insulation debris generation, transport and sedimentation becomes important with 

regard to reactor safety research for PWR and BWR, when considering the long-term behavior of 

emergency core cooling systems during all types of loss of coolant accidents (LOCA). The insulation 

debris released near the break during a LOCA incident consists of a mixture of disparate particle 

population that varies with size, shape, consistency and other properties. Some fractions of the 

released insulation debris can be transported into the reactor sump, where it may perturb/impinge on 

the emergency core cooling systems.  

Open questions of generic interest are the sedimentation of the insulation debris in a water pool, its 

possible re-suspension and transport in the sump water flow and the particle load on strainers and 

corresponding pressure drop. A joint research project on such questions is being performed in 

cooperation between the University of Applied Sciences Zittau/Görlitz and the Forschungszentrum 

Dresden-Rossendorf. The project deals with the experimental investigation of particle transport 

phenomena in coolant flow and the development of CFD models for its description. While the 

experiments are performed at the University at Zittau/Görlitz, the theoretical modeling efforts are 

concentrated at Forschungszentrum Dresden-Rossendorf.  

In the current paper the basic concepts for CFD modeling are described and feasibility studies 

including the conceptual design of the experiments are presented. 

 

1 INTRODUCTION 

In 1992, a safety relief valve inadvertently opened on a steam-line in the Barsebäck-2 nuclear power 

plant in Sweden. The steam jet stripped fibrous insulation from the adjacent piping systems. Part of the 

insulation debris was transported to the wetwell pool and this debris clogged the intact strainers of the 

drywell spray system about one hour after the start of the incident. Although the incident in itself had 

no serious consequences, it revealed a weakness in the defense-in-depth concept, which under other 

circumstances could have led to the emergency core cooling system (ECCS) failing to provide 

recirculation water to the core. 

Research and development efforts of varying degrees of intensity were launched in many countries. 

The corresponding knowledge bases were updated several times and several workshops were 

performed (see OECD reports in the references). The international activities were especially 

summarized in the report NUREG/CR-6808 (2003) of the USNRC. A model of fiber release under the 

influence of a jet, an empirical equation for the difference pressure at the sieve dependent on the fiber 

load and the respective results of specifically designed material loadings experiments were presented. 

All these activities reflect in most cases the view of regulators and utilities. The current paper reports 

about efforts to investigate the problem on more generic level, particularly with the aim of CFD model 

development. 
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2 JOINT RESEARCH PROJECT 

A joint research project performed in cooperation between the University of Applied Science 

Zittau/Görlitz and Forschungszentrum Dresden-Rossendorf deals with the experimental investigation 

of particle transport phenomena in coolant flow and the development of CFD models for its 

simulation. The experiments are performed at the University Zittau/Görlitz and are mainly based on 

high-speed video observation and on Laser Doppler Velocimetry (LDV) as well as Particle Image 

Velocimetry (PIV). The theoretical work is concentrated at Forschungszentrum Dresden-Rossendorf. 

CFD models are developed, implemented in the CFD code ANSYS CFX and tested against 

experiments. 

The main topics of the project are: 

• Primary particle constitution: Experiments are performed to blast blocks of insulation material 

by steam under the thermal hydraulic conditions to be expected during a LOCA incident (i.e. 

at pressures up to 11 MPa). The material obtained by this method is then used as raw material 

for further experiments.  

• Transport behavior of fibers: The transport behavior of the steam-blasted material is 

investigated in a water column by optical high-speed video techniques. The sinking velocities 

of the fibers are then used to derive the drag coefficients and other physical properties of the 

modeled fiber phase. This procedure is necessary for the implementation of an adequate CFD 

simulation. 

• Transport of fibers in a turbulent water flow: For these investigations, a narrow channel set-up 

with a racetrack type configuration was used where well-defined flow boundary conditions 

were established. Laser PIV measurements and high-speed video were used for the 

investigation of the water flow-field and the fiber distribution. Besides the drag acting on the 

particles, the turbulent dispersion force plays an important role in determining the momentum 

exchanged between the water and the fibrous phase. 

• Deposition and re-suspension of fibers: The deposition and re-suspension behavior at low 

velocities was investigated by the same techniques in the narrow racetrack channel. Except 

that, obstacles were inserted into the channel to change locally the flow regime. The 

experiments are designed to work with laser PIV measurement and high-speed video. CFD 

approaches consider the influence of the fiber material on the mixture viscosity and the 

dispersion coefficient on the transport of the solids. 

• Behavior of a plunging jet in a large pool: By using high-speed video and laser (LDA and 

PIV) measurements, the progression of the momentum by the jet in the pool is investigated. Of 

special importance is the role that entrained gaseous bubbles play on disturbing the fluid and 

potentially influencing the fiber sedimentation and resuspension. 

• Effect of strainers: A test rig was used to study the influence of the insulation material loading 

on the pressure difference over the strainers. A CFD model was developed that uses the 

approach of a porous body. Correlations from the filter theory known in chemical engineering 

are adapted to the experiments and are used to model the flow resistance depending on the 

particle load. This concept also enabled the simulation of a partially blocked strainer. 

 

3 SUBMERGED FIBER MODELS 

3.1 General concepts 

The aim of the numerical simulations used in this study is to determine how and where mineral wool 

fibers are deposited within certain geometries, in this case, the sump of a containment vessel. Since the 

momentum transport in the liquid flow plays an important role, the problem is clearly a three-

dimensional problem that has to be solved by applying multiphasic computational fluid dynamic 

(CFD) methods.  Such multiphasic codes resolve the conservation equations for mass, momentum and 

energy and they are distinguished by the different approaches and strategies used in describing the 
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physical closure models.  For the solution of the described task, two fundamentally different reference 

frames can be used: Eulerian-Lagrangian or Eulerian-Eulerian frame.   

The Eulerian-Lagrangian approach treats the dispersed phase by resolving the Lagrangian equation of 

motion for each particle, which moves through a continuous fluid that is resolved by the Eulerian 

Navier-Stokes equations.  The particles are defined as having a certain mass, which imposes the 

momentum exchanged at the point locations of the particles. The flow field acts on each particle and 

influences the particle path. The particles in turn affect the turbulence quantities of the flow. Particle 

spectra can define the different particles found in the steam-blasted material. Specific physical 

phenomena can be simulated using models for the particle reflection and the sedimentation at walls. 

The Euler/Euler approach assumes that at least two fluids are continuously penetrating each other. The 

volume fraction of the fluids in each cell sums to unity. For each fluid, the full set of conservation 

equations is solved. Therefore, each fluid has a different velocity field. The mechanisms of the 

interaction of the fluids are the momentum transfer modeled by the flow resistance, the mass transfer 

modeled by phase change and the energy transfer modeled by heat conduction. Whereas, the two latter 

interactions in the present problem are not relevant, the flow resistance is essential for the description 

of debris transport.  

Compared to the Euler/Euler approach the Euler/Lagrangian approach requires a higher numerical 

effort, which can limit their applicability to the practical question of interest here. 

 

3.2 Force Closure Models in the Euler/Euler approach 

The particle transport using the Euler/Euler approach is described by the exchange of momentum 

between the two phases. For the case of dispersed spherical bubbles or spherical particles moving in a 

continuous fluid, the interacting forces between the two phases have the principle form: 

 relrelDcdD ACn UUF ρ
2

1=  
(1) 

where nd is the particle number density, ρC the liquid density, A the cross sectional area of the particle 

in the flow direction, Urel the relative velocity between the phases, and CD the drag coefficient. 

The drag coefficient depends on the Reynolds Number, which is defined as 

 
µ

ρ drelU
=Re  (2) 

with µ as the dynamic liquid viscosity.  

For low velocities and Reynolds Numbers<<1 the viscosity effects are dominating. The regime is 

designated as Stokes-Regime and CD=24/Re. For high velocities (1000<Re<1..2.10
5
) the inertia effects 

are dominating and CD=0.44. In the transition region (0.1<Re<1000), both effects are of the same 

order of magnitude. In the literature, many correlations of the drag coefficient have been published. 

These correlations consider the eccentricity of particles (e.g. Haider and Levenspiel (1989), Salman 

and Verba (1988)). Turney et al. (1995) describe the drag for rod like particles. Lots of correlations 

fitted to experiments have in general the form which Schiller and Naumann (1933) gives for spherical 

particles: 
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In the current study, a virtual particle is defined as a small ball of wool fibers that mostly consists of 

water. This is correct as the water in the insulation wool ball moves with the virtual particle velocity. 

This is due to entrapment of the water and local forces binding the water to the particles. Therefore, 

the virtual particle density, ρF, found here is close to that of water (i.e. 1000 kg m
-3
), whereas the 

density of real dry fibers ρP amounts to about 2800 kg m
-3
. The density difference of water and fibers 

in the gravity field results in the buoyancy force FB: 
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 )(gVnF cFFdB ρρ −=  (4) 

with the virtual particle volume VF. The equality of buoyancy and drag forces yields the sinking 

velocity US: 
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with the virtual particle diameter, dF. The share of fibers, αF, in the virtual particle can be calculated 

by: 
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3.3 Turbulent Dispersion 

When the simulation of the motion of buoyant particles only considers the drag force described in 

section 3.2, this results in the settling of the virtual particles to the lower boundary. The observation of 

fibers in a turbulent water flow however shows suspending and gliding fibers. In the current work the 

interaction of the turbulent water flow and the fibers was considered by a turbulent dispersion force. 

This force was originally developed to obtain a closure model for the Reynolds stresses in terms of the 

k-ε turbulence model and the transport of the particles in the continuous phase. It is based on the 

spatial gradient of the parameter characterizing local dispersed phase (either the volume fraction or 

average mass density). The coefficient was derived from the integrating the fluctuating terms of the 

instantaneous particle transport equation along the particles trajectory. It was assumed that the 

autocorrelation of the turbulence is an exponential function of the Lagrangian turbulence time, τc. This 

lead to equation (7) as the limit of the integral with respect to time is increased to infinity. The 

fluctuating turbulent velocities of the continuous phase can be obtained from the turbulent kinetic 

energy (see Moraga et al., 2003, Hwang, 2006). 
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A Favre-Averaged form of the turbulent dispersion force was developed to exploit the convenience 

using mass-weighted averages to express the ensemble averages of the flow variables (Burns et al. 

2004). This convenience is based on fewer terms in the continuity equations and fewer terms that 

require direct modeling: 

 Φ
Scd

C
C relC
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TDdTD ∇−=− UF ρν

4

3
,  (8) 

CTD is a proportionality coefficient further discussed in section 4.3. CD is the drag coefficient, νtc is the 
eddy viscosity of the water phase, dF the virtual particle diameter, Sc the Schmidt number and Urel is 

the relative velocity vector between the virtual particle and the water phase. 

 

3.4 Modeling of Fiber Agglomeration and Re-Suspension 

In applying the turbulent dispersion model, it is important to understand how the various closure 

models are used in the definition of the fluid-particle phase interactions, which affect the resultant 

force. 

The closure models of interest are the correlations for the mixture viscosity and drag coefficient.  The 

correlation of the drag coefficient to Reynolds number, which defines the relaxation time of the 

particle and the response that the particles have to the turbulent eddies, whilst the mixture viscosity 

can modify the viscous stresses that the particle experiences and thus the spread of the particles caused 

by the velocity gradient.     
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Therefore, to assess the variation of viscosity with the volume fraction of dispersed phase, a number of 

models based on the product of a relative viscosity and the liquid phase viscosity (eq. 9) have been 

developed. Many examples of this product, which is generally known as a mixture viscosity have been 

reported, where the relative viscosity is based on the Maron-Pierce equation (Maron and Pierce 

(1956)) or based on the effective viscosity of Einstein as reported by Batchelor (1977). Krieger et al. 

(1959) also developed a similar correlation, (eq. 10), which has been widely used.  Note that [µ] is the 

intrinsic viscosity, which was defined as 2.5 for spheres. 

 crm µµµ =  (9) 
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Batchelor (1977) proposed (eq. 11), which was used by Xu et al. (2005) in the modeling of particle 

transport. The modification is the result of the addition of the second order term to the equation to 

represent the influence of the bulk stress. The coefficient of the second order term, khyd, is dependent 

on the local hydrodynamic conditions, the rheology of the fluid mixture, uniformity of particle 

probability distribution, and isotropy of the turbulence. khyd was defined as 6.2 for uniform 

distributions in a Newtonian mixture. Two values were expected for non-uniform distributions; khyd 

was 7.6 for a purely straining isotropic flow, however no value was reported for simple shearing non-

isotropic flows (see Batchelor (1977). 

The following empirical model for the viscosity is used to correlate the volume fraction to the relative 

viscosity: 
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4 MODEL VALIDATION BY MEANS OF EXPERIMENTS 

4.1 Determination of the drag coefficient 

To determine the drag coefficient of the particles, the motion of settling particles were studied in the 

test rig “column”. The particles were obtained from steam-blasting experiments and they are inserted 

into a Plexiglas column. The column has a height of 3 m, a width of 0.5 m and a depth of 0.1 m. A 

numerical evaluation of the distribution of sinking velocities was determined using high-speed video 

(Fig. 1).  

A distribution of sinking velocities was found (right part of Fig. 1) along with a distribution of the 

estimated particle size below. The particles consist of an agglomeration of smaller particles of 

different sizes, densities and shape. Larger objects are disintegrated under the influence of the shear 

stresses and turbulence from the surrounding liquid. The turbulent wake of the larger particle 

agglomerations causes breakage of the following agglomerations that result in the generation of finer 

particle fractions. 

Extensive tests have shown, that the sinking behavior not only depends on the insulation material 

itself, but also on the wettability of the fibers, which is influenced by the age, the kind of drying and 

the hydrophobic properties and finally on the preparation procedure of the material. 

The sinking velocities for the MD-2 type were measured at the facility in Zittau. Comparable 

velocities of other materials published in the NUREG/CR-6808 were found. A dependency of the 

sinking velocity on the fragmentation procedure for MD-2 fibers was observed. The fragmentation by 

steam performed in the facility in Zittau results in sinking velocities of 0.005-0.12 m/s while the 

manual fragmentation results in larger particles and larger sinking velocities of 0.01-0.2 m/s. 
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Fig.1: Photography of sinking fibers (left side) and assessed distribution of sinking velocities measured  

in the test rig “column” investigating the material MD2 
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Fig. 2: Measured particle size distribution Fig. 3: Dependence of the sinking velocity on the 

virtual particle density and the virtual particle 

diameter 

The diagram shown in Fig. 3 presents the results of eq. (3). Fig. 3 considers the fact that the drag 

coefficient, CD, is dependent on the Re-Number, which in turn is dependent on the terminal velocity, 

US.  Thus, eq. (3) must be resolved iteratively in order to obtain consistent values for the terminal 

velocity with respect to the particle size and density. 

The example material shown in Fig. 1 has an average sinking velocity of 0.03 m s
-1
. Assuming a 

virtual density of 1020 kg m
-3
, a virtual particle diameter of dF=5 mm and a drag coefficient of CD 

=0.9, the same sinking velocity can be calculated according eq. (5). The assumed virtual particle size 

corresponds to typical values from such observations (see Fig. 2). The density of dry fibers was 2800 

kg m
-3
 that gives the dry fiber share in the virtual particle of αF=0.0111 (see eq. 6). 

 

4.2 Investigation of a turbulent water flow 

The transport properties of fibers in a turbulent water flow is investigated experimentally in a flat race 

track type channel with a width of 0.1 m, a depth of 1.2 m and straight sections with a length of 5 m 

(see Fig. 4). The bends have a radius of 0.5 m. The water flow is driven by two slow moving pumps 
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driving the liquid at velocities between 0.01 and 1.0 m s
-1
. The fiber distribution and the water velocity 

field were observed by using high-speed video and by Laser based PIV. 

 

 

 

 

 

Fig. 4: Channel for investigation of the behavior of 

fibers in a turbulent flow 

Fig. 5: Calculated velocity field with baffle 

plates 

To provoke a flow disturbance the channel was equipped with 0.1 and 0.2 m high baffles separated by 

a distance of 0.3 m (see Figs. 4 and 5). The flow field was measured by PIV laser techniques.  

The observations of the experiments with fiber flow in the circulating water showed that at higher 

circulation velocities (ca. > 0.5 m/s) the fiber sinking is replaced by a horizontal transport of the fibers. 

This phenomenon can be simulated considering the turbulence dispersion force (see section 3.3). 
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Fig. 6: Calculated dependence of the vertical fiber volume fraction profile on CTD for whole channel 

simulations with a local mean horizontal velocity of 0.5 m s
-1
 

Almost the whole particle phase is deposited at the bottom in simulations that do not consider the 

turbulent dispersion force. For a virtual particle, density of ρF=1030 kg m
-3
, which results in a sinking 

velocity of US=0.05 m s
-1
 the buoyancy force FB (see eq. 4), is estimated to be between 10 and 

100 kg m
-2
 s

-2
. CFD simulations of the channel for the case of an averaged water velocity of about 

0.5 m s
-1
 resulted in an averaged turbulence viscosity of the order of 0.25 kg m

-1
 s

-1
. Keeping in mind 

the drag coefficient for the virtual particle flow in water of ca. 0.7 and assuming reasonable values for 

the volume fraction gradient of ca. 0.1 m
-1
 the turbulent dispersion force (see eq. 8) becomes 

comparable to the buoyancy force FB with a coefficient CTD in the order of ca. 100. Typical values of 

CTD were found to be of the order of 1 for gas bubbles. In the literature CTD was proposed as 500 for 

smaller diameter particles when the ratio of the particle relaxation time, τd, to τc is small (see Moraga 

Baffles 

Pumps 
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et al., 2003, Hwang, 2006). By means of the experiments hints for a reasonable value of CTD can be 

found by determining the vertical fiber concentration profile. The dependency of the vertical profile of 

the fiber volume fraction on the value of the turbulent dispersion force was shown by calculations. 

Fig. 6 presents the vertical profiles for different values of the coefficient CTD. Corresponding 

experiments that measure the vertical profile of the fiber volume fraction for different water velocities 

are in preparation. 

 

4.3 Investigation of the agglomeration and re-suspension behavior of the fibers 

For the investigation of the agglomeration and re-suspension properties of fibers, the region between 

the baffles was observed. The obstacles in the straight sections not only disturb the motion of the 

liquid but also promote deposition of the particles.  

The experiments revealed that the fibers agglomerate at a critical fiber volume fraction, which is 

manifested by a strong increase of viscosity. In addition, the fibers are deposited at the bottom of the 

channel below a critical water velocity of about 0.1 m s
-1
, particularly at locations downstream of the 

obstacles. Increasing the water velocity beyond 0.1 m s
-1
 causes the fibers to be mobilized again. 

The application of the Eulerian-Eulerian approach for the sedimentation and re-suspension of the 

fibers involved the use of volume fraction dependent viscosities (see section 3.4) and the turbulent 

dispersion force (section 3.3).  

A feasibility study of the accumulation of fibers between two dams arranged at a distance of 0.3 m and 

having a height of 0.1 m investigated in the experiment (Fig. 7) and compared to a transient CFX 

calculation (Fig. 8). 

 

 

 

Fig. 7: Laser PIV measurements of the water 

velocity field and video observations of the fiber 

distribution between two baffles 

Fig. 8: Calculated water velocity field and fiber 

distribution for the viscosity model of equation 

(11) 

The results show that the CFD code at least is able to simulate the qualitative behavior of the fibrous 

flow. Further investigations are underway to provide a deeper analysis of these experiments. The 

evaluation of area fractions of the vertical observation plane occupied by the particles, which are 

gained from video observations of the fibrous volume fraction, can be interpreted as a measure for the 

accumulated fiber mass. Neglecting the extension in the channel depth, these measurements will yield 

the necessary information in order to improve the physical representation of the solid phase with 

regard to the solid build-up observed in the experiments. 

 

5 INVESTIGATION OF PLUNGING JET PHENOMENA 

According to the considered scenario, the water ejected by the anticipated break falls several meters on 

to the sump water surface. On its way, the jet is mixed with air. Furthermore, the impinging jet will 

entrain air bubbles. The momentum impact of the jet on the water flow field will be smeared out with 

growing penetration depth. The entrained gaseous bubbles will rise and have an additional influence 
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on the flow field. The jet-induced flow in the sump will sensitively influence the fiber transport in the 

sump. The questions in this concern are how the fiber transport in the sump is influenced by the jet and 

where in the sump the fibers preferably are deposited.  

To investigate the influence of a plunging jet experiments in a water tank with dimensions of about 

1*1*1 m was prepared. As a first step the jet of water with the entrainment of air at ambient conditions 

was investigated. The fluid flow field is measured by laser PIV measurements. The gas flow is 

observed by high-speed video. CFD calculations are performed to prepare the experiments. 

During the presented CFD calculations, the phenomenon of the air entrainment by the jet was not 

modeled but given as an inlet condition. Therefore, published correlations for the air entrainment are 

applied, as the aim of the calculations is the determination of the flow field in the volume.  

Correlations on gas entrainment at a plunging jet were published by Bin (1993), Bonetto et al. (1993), 

Cummings et al. (1997a and b) and Iguchi et al. (1998). Bin (1993) reports the following empirical 

correlation. A water volume flow QW hit from a height H with the diameter di and the velocity UOF at a 

water surface entrains the volume flow QG of gaseous bubbles: 
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The maximum penetration depth ZP,B of bubbles is given by 

 
4/13/4

, 42.0 −= GiOFBP QdUZ  (15) 

Assuming a jet inlet velocity of 3 m/s and an impingement diameter on the surface of 0.05 m 

according to equation (13) an air entrainment having a volume flow QG of ca. 0.2QW has to be 

expected. The corresponding maximum gas penetration depth was calculated by equation (15) to be 

ca. 0.5 m. 
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Fig. 9: CFD simulation of the jet experiment Fig. 10: Influence of the air entrainment on the 

liquid on the liquid velocity profile 

Fig. 9 shows the results of CFD calculations. At the inlet, a water flow of 3 m/s with a gas content of 

0.2 is simulated. The water is drained out of the tank via the outlet at the bottom. The entrained gas 

leaves the tank via the water surface. Fig 10 shows the gas streamlines calculated according to the gas 

velocity field. The maximum gas penetration depth is determined by the lowest point of the zero value 

of the vertical component of the gas velocity field. The value of ca. 0.5 m predicted by eq. (15) is 

confirmed by the CFD calculations. 
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Fig. 10 presents the influence of the gas entrainment on the liquid velocity field near the jet. The 

entrained bubbles near the jet will rise and decrease the water velocity. The profiles 0.2 m below the 

water surface shown in Fig. 10 indicate an upward water flow near the jet. The streamlines of the 

water flow projected onto a plane located at the middle of the tank show, for the single-phase case, 

two vortices near the tank bottom (see Fig. 11). In the two-phase case, these vortices are shifted 

towards the upper regions (see Fig. 12). 

  

Fig. 11: Water streamlines neglecting the air 

entrainment 

Fig. 12: Water streamlines considering the air 

entrainment 
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Fig. 13: Water flow field induced by the entrained 

air 

Fig. 14: Accumulated fiber mass dependent on the 

inlet velocity 

The two phase flow behavior has remarkable consequences on the flow field observed in a larger 

geometry similar to a real reactor sump. During an additional experiment in Zittau the flow in a tank 

of a length of 6 m, a depth of 1 m and a water height of 2.6 m was investigated (see Fig. 13). In 

preliminary CFD calculations the situation was investigated. Water was injected at the left side and 

correspondingly removed at the lower right side. During a certain time additional fibers were added to 

the injection. Air is entrained by the water jet and has an influence on the flow field. In the case of an 

inlet velocity of 5 m s
-1
 the entrained air reaches a depth of about 1.5 m. Fig. 13 presents the water 

streamlines projected at the middle plane. During the water injection in the tank, a large swirl that 

rotates in the clockwise direction is established. The swirl moves the injected fibers backward to the 

region just below the water injection. Large amounts of fibers are accumulated in the swirl and fixed 

in the tank before they reach the outlet. 

A different flow picture is found with a water injection velocity of only 1.5 m s
-1
. During this second 

case the same fiber mass was added. In this case the entrained air reaches a depth of only 0.7 m. The 

large water swirl observed in the first case is not established in the second case. The fibers move 

directly to the outlet. Fig. 14 shows the integral fiber mass for these two cases. 
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Further investigations can use the experience gained by these studies for the application of such 

models to real sump geometries. The preferred regions of fiber accumulation are dependent on the 

flow situation, which can be identified by such calculations.  The modification of the flow field caused 

by changes to the geometrical construction e.g. by introduction of baffle plates etc. can also be 

investigated. 

 

6 SIMULATION OF STRAINERS 

Filter cakes composed of fibrous materials have two particular features: a) They are of very high 

porosity, and b), due to the deformability of the fibers, such cakes can be easily compressed under the 

action of fluid drag forces or an external compacting pressure. A semi-empirical model has been 

developed for calculating the pressure drop across beds of this class of materials as a function of 

superficial velocity and material properties (Grahn et al. 2006). It consists of a material equation: 

 
DCpep −−+= )()( min0min εεεε  (16,14) 

which describes the dependency of porosity on the compaction pressure p, and a differential equation 

for the local pressure drop: 

 ))(,,( 2 pUUf
dx

dp ε=  (17,15) 

An algorithm has been implemented, which solves the model equations by numerical integration. It 

yields pressure and porosity profiles along the compressed fiber bed as well as its streamwise 

thickness and the overall pressure drop, dp, Parameters εmin, ε0, C and D of the material equation have 

been fitted to data from compaction pressure vs. porosity measurements. In the present state of the 

model, the transient pressure build-up can be simulated as well by specifying a non-zero mass fraction 

of insulation material for the inflow. The model was implemented into the CFD code ANSYS CFX, 

allowing for simulation of partially clogged strainers. 

Table 1:  Experimental conditions 

run NS  

[kg m
-2
] 

T 

[°C] 
ρ 

[kg m
-3
] 

µ 

[mPa s] 

1 6.01 44.6 990.4 0.601 

2 6.01 59.0 983.4 0.474 

3 3.87 58.9 983.8 0.475 

4 1.96 59.7 983.4 0.469 

5 0.32 59.7 983.4 0.469 

The pressure drop across the compressed fiber bed has been determined both numerically and 

experimentally as a function of superficial velocity. Moreover, experimental conditions, i.e. strainer 

mass load and fluid properties have been varied (Table 1). In Fig. 15 computed curves are compared to 

measured values. It can be seen, that numerical calculations reproduce measured pressure drops 

qualitatively and quantitatively well. 

NS is the fiber load, ρ the density and µ the fiber viscosity. Another phenomenon, which has been 

investigated, is the so-called thin-bed effect. It results from relatively small (as compared to fiber 

dimensions) granular particles that are deposited, either onto the outer (upstream) surface of the fiber 

bed or in between the fibers. They form layers of sludge with lower porosity and little compressibility, 

but result in a higher pressure-drop with the addition of each layer. Such layers act like a plug, 

imposing an additional external compacting pressure onto the fiber bed. Transient calculations have 

been performed to assess the influence of the penetration depth of particles on the overall pressure 

drop. The penetration depth depends on the nature and the magnitude of particle-fiber interaction. 

From the comparison of the different cases in Fig. 16 one can conclude that the additional modeling 

effort required for quantifying the particle-fiber interaction is not justified. 
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Fig. 15: Pressure drop across compressed fiber 

bed vs. superficial velocity at different 

experimental conditions (strainer mass load, fluid 

properties), experiments (points), computed 

profiles (lines) 

Fig. 16: Pressure drop buildup at composed beds; 

superficial velocity U=6 cm/s, accumulation of 

fibers for 0<t<200 s, sludge particle deposition 

for 200 s <t< 800 s, different penetration depths 

hpen 

 

7 SUMMARY AND NEXT STEPS 

The project work is still underway. Several model concepts were presented to describe the whole 

process of fiber transport applying CFD methods. The presented results show that the intended model 

approaches are feasible for the simulation of the interested phenomena. The paper shows the correct 

qualitative behavior of the solutions and the correct dependency of model parameters. The aim of the 

work was the preparation of the necessary experiments to adjust the free parameters. The developed 

models including the adjusted model parameters will enable the answering of many practical questions 

relating to the strainer clogging issue. 
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NOMENCLATURE 

Sign Unit Denomination 

A m
2
 cross section area 

C (kg m
-1
 s

-2
)
-D

 
experimental determined coefficient for the fibre compaction pressure porosity 

dependency 

CD - drag coefficient 

CTD - turbulence dispersion coefficient 

D - 
experimentally determined index for the fibre compaction pressure porosity 

dependency 

dF m virtual diameter 

di m impingement diameter 

∆ - difference 

FB kg m
-2
 s

-2
 buoyancy force 

FD kg m
-2
 s

-2
 drag force 

FTD,d kg m
-2
 s

-2
 turbulent dispersion force acting on the dispersed phase 

Fr - Froude number 



13 

g m s
-2
 acceleration due to gravity 

H m height of jet 

hpen m penetration depth 

i, j, k - numeric indexes 

khyd - flow dependent coefficient 

kc m
2
 s

-2
 continuous phase turbulent kinetic energy 

Ns kg m
-2
 fibre mass loading 

nd - particle number density 

p kg m
-1
 s

-2
 fluid pressure 

QG m
3
 s

-1
 volumetric flow of entrained gas bubbles 

QW m
3
 s

-1
 volumetric flow of water jet or stream 

Sc - turbulent Schmidt number (0.9) 

T °C temperature 

t s time 

U m s
-1
 superficial continuous phase velocity 

UOF m s
-1
 velocity at the water surface 

Urel m s
-1
 relative velocity vector 

US m s
-1
 particle terminal or sinking velocity 

u’c m s
-1
 continuous phase fluctuating velocity 

VF m
3
 virtual particle volume 

u, v, w m s
-1
 velocity components 

x, y, z m co-ordinates 

ZP,B m penetration depth of the gas bubbles 

αF - share of fibres in virtual particle 

ε - porosity 

ε0 - porosity at zero compaction pressure 

εmin - minimum porosity 

µc kg m
-1
 s

-1
 dynamic continuous phase viscosity 

µm kg m
-1
 s

-1
 dynamic mixture viscosity 

µr kg m
-1
 s

-1
 dynamic relative viscosity 

[µ] - intrinsic viscosity 

νtc m
2
 s

-1
 kinematic turbulent eddy viscosity of the continuous phase 

ρc kg m
-3
 continuous phase density 

ρd kg m
-3
 dispersed phase density 

ρF kg m
-3
 virtual particle density 

ρP kg m
-3
 density of dry fibers 

τc s Lagrangian turbulence time 

τd s Particle relaxation time 

Φ - volume fraction 

Φm - maximum volume fraction 
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Abstract  

In this article, we study a Large-Break Loss of Coolant Accident (LBLOCA) where a guillotine break 

of one of the main coolant pipes occurs near the reactor pressure vessel (RPV). This initiates a 

pressure wave which propagates inside the RPV. The simulation of bidirectional fluid-structure 

interaction phenomena has been found important for accurate prediction of the resulting deformation 

and loads. In this article, fully coupled simulation results are validated against the German HDR 

(Heißdampfreaktor) experiments. The computational fluid dynamic (CFD) software Fluent and Star-

CD are applied to modeling of three-dimensional, viscous, turbulent fluid flow. The MpCCI code is 

used for bidirectional coupling of the CFD simulation to the structural solver Abaqus. Pressure 

boundary condition at the pipe break is obtained in a two-phase simulation with the system code 

APROS. Comparisons are made for break mass flow, wall pressure, displacement and strain. The 

simulation results follow the experimental data fairly well. In addition, the sensitivity of the results to 

numerical methods, grid resolution and pressure boundary condition are studied following the Best 

Practice Guidelines.  

1.  INTRODUCTION  

Large-Break Loss of Coolant Accident (LBLOCA) is one of the design basis accidents of nuclear 

power plants (NPP).  In a hypothetical accident scenario, a "guillotine" break of one of the main 

coolant pipes of the primary circuit causes a rapid pressure drop at the break location. The pressure 

transient propagates inside the reactor pressure vessel (RPV), and within the first hundreds of 

milliseconds after the break, the pressure loads induce deformations on the structures and threat their 

integrity. In this article, the pressure transient is simulated by coupling commercial computational 

fluid dynamic (CFD) and structural solvers using the MpCCI interface (MpCCI 3.0.6 Documentation 

2007), The results are validated against the HDR (Heißdampfreaktor) experiments (Wolf 1981, Wolf 

1982, Wolf et al. 1983), where LBLOCA was studied in a full-scale geometry by using realistic initial 

conditions. The main focus here is to validate a simulation environment which can be utilized in safety 

analysis of the Loviisa NPP which includes two VVER-440 type pressurized water reactors (PWR) 

owned by Fortum Power and Heat Ltd. 

 

In earlier studies of pressure transient resulting from the pipe break during LBLOCA, accounting for 

bidirectional fluid-structure interaction (FSI) phenomena has been found important (see e.g. Wolf 

1982, Anderson et al. 2003 and Lestinen et al. 2006). FSI simulation results obtained with 

bidirectional coupling of CFD and structural solvers have recently been validated against the HDR 

experiments by Anderson et al. (2003), Casadei and Potapov (2004) and Timperi et al. (2008).  The 

HDR experiments and simulations with system codes like APROS (APROS The Advanced Process 

Simulation Environment) show that the FSI problem can be simulated as a one-phase flow 

approximately for the first 100 ms after the break (Wolf 1982, Timperi et al. 2008). However, two-

phase phenomena have to be accounted for in evaluating the boundary condition at the break. 

Anderson et al. (2003) and Casadei and Potapov (2004) applied a finite-element based solver to 

account for inviscid fluid flow and structural motion. Timperi et al. (2008) compared the use of an 

acoustic model of water included in the structural solver to utilizing the Reynolds-Averaged Navier-

Stokes (RANS) solver Star-CD (CD adapco Group 2004) for modelling of turbulent viscous fluid 

flow. They found that in the case of the HDR experiments, the latter approach was required.  In the 
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present work, the CFD solver Fluent (Fluent 6.3 Documentation 2007) is applied together with the 

structural solver Abaqus (Abaqus/CAE 6.7 User Manual 2007), and the pressure at the break nozzle is 

taken from simulations with the system code APROS.  The turbulent viscous fluid flow is simulated 

using the RANS approach as in the work of Timperi et al. (2008). The focus of the present work is in 

the sensitivity of the results to pressure boundary condition, numerical methods, grid resolution and 

turbulence modelling. The Best Practice Guidelines (Mahaffy et. al 2007) are followed as far as 

possible. 

2.   HDR BLOWDOWN EXPERIMENTS 

The HDR blowdown experiments were carried out in the early 1980’s in Germany. FSI phenomena 

caused by the flexibility of the core barrel during the initial depressurization phase of LBLOCA were 

studied in particular, and one of the main emphases was to provide reference data for validation of 

three-dimensional FSI codes.  

 

The lay-out and the main dimensions of the test facility are shown in Fig 1.  The break occurs in the 

nozzle A1 shown in Fig 1. Most of the other nozzles of the reactor were closed in order to provide 

clear boundary conditions for CFD calculations, and the effect of those left open was estimated to be 

small (Wolf 1981). The main parameters of the test facility are compared to those of Loviisa NPP in 

Table 1, and we see that the construction is quite realistic. However, a short break opening time, about 

1 - 2 ms, was used in the experiments, whereas opening times of 10 - 15 ms or even longer have been 

proposed for a realistic break (Schall 1984, Anderson et al. 2003). The internals of the reactor were 

removed and their effect was simulated with a mass ring attached to the lower end of the core barrel. 

The lower end of the core barrel was free and the upper end was rigidly clamped. 

 

 

 

 
Quantity HDR PWR 

Pressure, MPa 11 12 

p0 − psat, MPa 5.5 7 

Tcore − Tdowncomer, °C 0…50 30 

Break diameter, m 0.2 0.5 

Break opening time, ms 1…2 ? 

Core barrel length, m 7.6 8.1 

Core barrel thickness, mm 23 50 

Core barrel diameter, m 2.66 3.2 

Maximum stress, MPa 100 230 

Maximum displacement, mm 2 5 

Table 1: Main parameters of the HDR 

blowdown experiments and Loviisa NPP.

Fig 1 HDR reactor (Wolf et al. 1983). 

 

 

Blowdown experiment V32, which was the base case in the experiment series, was chosen for this 

work. In this experiment, the downcomer and break nozzle temperature was 240 ºC and the core 

temperature varied axially from 308 ºC at the upper core to 283 ºC at the lower core barrel end. 
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Subcooling in the downcomer and break nozzle area was quite large in the experiment V32, i.e. 78 ºC 

which increased the loads on the core barrel. 

3.   NUMERICAL MODELS 

3.1 Two-phase system code simulations 

The system code APROS was utilized to evaluation of the pressure boundary condition for the CFD 

simulation. The APROS code calculated evaporation due to flashing and fluid acceleration inside the 

nozzle. Because small nodes were used in the calculation, critical flow model was not applied, and the 

flow was calculated directly with the conservation equations of mass, momentum and energy. The 

external pressure boundary for APROS calculation was adjusted with the measured pressure from the 

HDR experiment to get correct pressure reduction rate in the outlet of the nozzle, i.e. break opening 

time of 1 ms. Actual shredding out of the break disk was not simulated. Instead, a constant opening 

rate was assumed. 

 

The break nozzle was modelled with 5, 15 and 45 nodes. To be able to provide a detailed time 

dependent pressure evolution during the first milliseconds after the break opening, the result from the 

case with 45 nodes was chosen as the CFD boundary condition. In this case, the node length in the 

break nozzle was 3 cm. 

  

The pressure boundary condition for the CFD calculation was taken from a point inside the nozzle 

where there were not yet a significant void to allow single-phase CFD simulation. Pressure in this 

point using 5, 15 and 45 nodes in the nozzle is plotted on the left-hand side of Fig 2. In addition, 

pressure in the end of the nozzle is included from the case with 45 nodes and from the measurements. 

Pressure is depicted only for the first 0.01 s to show the details of the pressure drop. After t=0.01 s, 

pressure at the break location remains almost constant. The main difference between the APROS 

result and the measurement is the sharp drop of pressure when the break starts to open. The FSI-

simulations were run both using the pressure boundary condition from the experiment and from the 

above described APROS simulation. Although the pressure drop is sharp in the APROS result, 

changing the boundary condition had only a small effect on the obtained pressure field and 

displacement. 
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Fig 2: Comparison to experiments. Pressure boundary condition for the CFD model (left). Measured 

and calculated blowdown flow (right). 

 

On the right-hand side of Fig 2, the calculated break mass flows obtained with 5, 15 and 45 nodes in 

the break nozzle are compared to experimental result. In addition, the mass flow from a fully coupled 

FSI-simulation is included. The FSI-result is somewhat below the experiments. The difference is 

mainly caused by the smaller density used in the FSI-simulation. 

3.2 CFD model 

Most of the simulations were performed with a CFD grid of approx 78000 grid cells. The grid is 

depicted in Fig 3 together with the model used in the structural solver. In the present flow case, the 
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emphasis is on capturing the pressure field, and the grid resolution is chosen accordingly. To study the 

sensitivity of the CFD results to the grid resolution, the resolution was first refined in the radial 

direction of the downcomer (120300 grid cells), and then also in the nozzle and in the nozzle joint area 

(124400 grid cells). 

 

As can be seen from the experimental data, density and temperature remain almost constant during the 

first 0.20 s after the pipe break. Thus in the present simulations, a constant temperature was assumed.  

The simulations were repeated in three temperatures, in 308
○
C, 240

○
C which were the maximum and 

minimum temperatures in the experiment, and in 274
○
C which is the average of the two. The dynamic 

viscosity is approximately µ=0.0001Pa·s in these temperatures. Temperature has some affect on the 

obtained pressure fields, and here the results are presented for the 274
○
C case. 

 

Fluent and Star-CD are both finite-volume based CFD solvers. In both codes, the pressure-based 

solver was utilized which is a standard choice in flows with low Mach number. The PISO pressure-

correction method was applied. In the present application, water has to be treated as a compressible 

fluid. Thus, in the mass-balance equation, the non-constant density has to be accounted for, and this 

modifies the pressure-correction equation. In the pressure correction step, the correction of the mass 

flow, ∆m, is written as  

 ρρρ ∆+∆=∆=∆ )()()( AuAuuAm  (1)  
where A is the cross-sectional flow area, ρ the density and u the flow velocity. The change of density, 

∆ρ, is evaluated using the change of pressure, ∆p, and the compressibility of water, κ, as 

 p∆=∆ κρρ  (2)  
The value for density is calculated using pressure as 

 )( 000 pp −+= κρρρ  (3)  

The applied reference values were ρ0 = 758.5 kg/m
3
,
 
p0 = 110 bar and κ= 1153.9e-12 Pa

-1
. For more 

details on the pressure correction methods for compressible fluids see e.g. Ferziger and Perić (1999).  

 

 
Fig 3: Computational meshes used in the CFD (left) and structural (right) models of the HDR reactor. 

 

In the CFD model, solid walls were treated as viscous walls using wall functions. At the break nozzle, 

the pressure outflow condition was applied, and the static pressure obtained from the APROS 

simulation or from the experiment was set on this boundary.  
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In most of the simulations, the so-called standard k-ε turbulence model of Launder and Sharma with 

the standard wall functions was applied (Fluent 6.3 Documentation 2007).  To study the effect of 

turbulence modelling, one simulation was run with the k-ω SST model using wall functions and one 

with no turbulence modelling.  

 

The sensitivity of the obtained results to numerical methods was studied using Fluent.  If the mesh is 

deformed, the first-order implicit time-integration method is the only available option in Fluent.  Thus, 

the first-order method was used in simulations with bidirectional coupling, and both first and second-

order methods were applied with one-way pressure mapping. In most of the simulations, the time step 

was set to 10 µs, which, in this case, corresponds to Courant number of 0.1 or below. In addition, some 

simulations were repeated using smaller and larger time steps. In most of the simulations, the number 

of iterations inside a time step was five. To ensure that the iteration was converged, the number of 

iterations was increased to seven and ten in some simulations.  

 

The convective terms in the equations of momentum and turbulence quantities were discretized using 

the third-order MUSCL scheme of Fluent and the diffusion terms with a second-order central-

difference scheme (see Fluent 6.3 Documentation 2007). Both second and first-order discretization 

was applied to pressure, but this did not affect the obtained pressure field. 

 

In simulations using Star-CD, the Crank-Nicolson method was applied to the temporal discretization. 

For the spatial discretization, the Monotone Advection and Reconstruction Scheme (MARS) was used 

for velocities, central differencing for turbulence quantities and blended central-upwind differencing 

with blending factor 0.7 for density. (Timperi et. al 2008) 

3.3 Structural model 

In the finite-element based structural solver Abaqus, a linear finite-element model of the reactor with 

about 15000 8-node hexahedral elements was applied. Continuum shell elements, which have only 

displacement degrees of freedom but model shell behaviour accurately, were mainly used. 

Conventional solid elements were used in a few necessary regions. One layer of continuum shell 

elements was used in the core barrel wall and four layers in the RPV wall. The mesh of the structural 

model is shown in Fig 3. The structural model had a preliminary static load step in which the static 

pressure condition was achieved. After the static load step, applied pressure was provided by CFD 

code. 

 

Material properties E = 175 GPa, ν = 0.3 and ρ = 7900 kg/m
3
 were used for elastic modulus, Poisson’s 

ratio and density of the core barrel, respectively. For the RPV, values E= 190 GPa, ν = 0.3 and ρ = 

7850 kg/m
3
 were applied. A small amount of stiffness proportional Rayleigh damping was included in 

the RPV wall. Value β = 6×10
-6
 was used which results in 2 % of critical damping at frequency 1000 

Hz. The maximum frequency of interest was estimated as 400 Hz. 

3.4 Coupling of CFD and structural models 

The external coupling software MpCCI was applied to bidirectional coupling of the CFD and 

structural solvers. In this approach, the CFD and structural analysis codes run simultaneously and 

coupling information is exchanged during the simulation. Interpolation is used for transferring 

coupling quantities between the fluid and structure meshes. In this work, the coupling quantities were 

fluid pressure and nodal coordinates of the structure, and the codes exchanged information in the 

beginning of each time step.  The simulations were run on a PC with Intell Core 2 CPU 1.86 Ghz 

processor in the Windows environment. A simulation for the time period t=0, …, 0.20 s took 

approximately 96 hours of wall clock time. The fully coupled simulation took approximately 33% 

more CPU time than a simulation with one-way pressure mapping. The increased computation is 

mainly caused by moving the RPV walls in Fluent, and communication between the codes does not 

seem to significantly increase the CPU time. 
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 t = 5 ms 10 ms 15 ms 20 ms 25 ms 

 

     
 t = 0 ms 5 ms 20 ms 40 ms 115 ms 

Fig 4: Pressure in the CFD model (upper). Von Mises stress, displacements are scaled with the factor 

of 200 (lower).  

 4 SIMULATION RESULTS 

In this section, the FSI simulation results and their sensitivity to modelling related issues is discussed. 

In section 4.1, we start by comparing the present simulation results obtained with Fluent and Abaqus 

to experimental results and to the results of Timperi et al. (2008) which were obtained using Star-CD 

and Abaqus. The sensitivity of the results to time integration method, spatial discretization and 

turbulence modelling are studied in subsections 4.2-4.3, respectively. In addition in section 4.2, the 

necessity of using bidirectional coupling instead of one-way pressure mapping is demonstrated. 

4.1 Bidirectional FSI simulations 

In the cases discussed in this subsection, the coarser CFD grid depicted in Fig 3 was applied. The 

pressure boundary condition was taken from the APROS result and the k-ε turbulence model with wall 

functions was applied. The modeling details in Fluent and Star-CD were chosen as close to each other 

as possible, but as discussed in section 3.2, there were some differences in the numerical methods. 
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Propagation of the pressure wave and the resulting stresses and displacements are demonstrated in Fig 

4. In the figures depicting the stress, the deformation is scaled by the factor of 200.  

 

Pressure on the inner wall of the downcomer at the nozzle location (in cylindrical coordinates of Fig 1 

at φ=90
○
, z=8.85m) and somewhat below the nozzle (φ=90

○
, z=2.3m) are depicted in Fig 5. Pressure 

on the opposite side of the downcomer (φ=270
○
, z=7.78m) is given on the left-hand side of Fig 6 and 

pressure on the core axis on the right-hand side of Fig 6.  The pressure field is slightly underpredicted 

by both simulations, but it follows the experiments fairly well until approximately t=0.1 s. After this, 

flashing occurs (Wolf et. al 1983) and the one-phase model fails to describe the flow.  During the first 

20 ms, both simulations predict an oscillation of approximately 380 Hz in the pressure field. This 

frequency corresponds to a pressure wave travelling back and forth in the nozzle. This oscillation is 

not shown in the experiment which may be caused by boiling inside the nozzle (and outside it) which 

makes the water “soft” in this region.  
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Fig 5:  Pressure on the inner downcomer wall at φ=90
○
, z=8.85m (left), z=2.3m (right). 
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Fig 6:  Pressure on the inner downcomer wall at φ=270
○
, z=7.78m (left) and on the core axis z=5.05m 

(right). 

 

The pressure on both sides of the wall of the core barrel is underpredicted in a similar manner. 

Because of this, the pressure difference across the wall follows the experiment even better than the 

wall pressure. This is visible in the resulting relative displacements between the walls of the core 

barrel and RPV which are depicted on several locations of the downcomer wall in Fig 7-Fig 9. Here, 

we notice that the displacements are predicted fairly well for the entire duration of the simulations. 

 

The Hoop strain and the axial strain on the wall of the core barrel are shown in Fig 10 and Fig 11. The 

strain oscillates with the frequency corresponding to the pressure wave travelling in the nozzle. This 

frequency was also visible in the pressure field. The result obtained with Star-CD oscillates clearly 

more than the one obtained with Fluent which is probably caused by different numerical methods. 
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Fig 7:  Relative radial displacement between the core barrel and RPV at z=7.15m, φ=90
○
 (left) and 

φ=270
○
 (right). 
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Fig 8:  Relative radial displacement between the core barrel and RPV  

at z=5.55m, φ=90
○
 (left) and φ=270

○
 (right). 
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Fig 9:  Relative radial displacement between the core barrel and RPV at  

z=2.3m, φ=90
○
 (left) and φ=270

○
 (right). 
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Fig 10:  Hoop (left) and axial (right) strain on the outer surface of the core barrel at z=8.85, φ=90
○
. 
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Fig 11:  Hoop strain on the inner surface of the core barrel wall z=8.85, φ=135
○
 (left) and at z=5.45, 

φ=225
○ 
(right). 

 

The two CFD solvers produce almost identical results. However, the Fluent result is somewhat 

smoother. Since the same computational grid and pressure boundary condition were applied in the 

simulations with Fluent and Star-CD, the main difference between the two models is in the numerical 

methods. Based on the results of this subsection, we can conclude that the results are not strongly 

sensitive to numerical methods.  The effect of numerics and discretization is studied more carefully in 

the following subsections. 

4.2 Time-integration method with one-way mapping and bidirectional coupling 

In Fluent, the first-order time-integration method is the only available option when the mesh is 

deforming. Because of this, the effect of the order of the time-integration method was studied using 

one-way pressure mapping where the walls of the CFD model remain rigid. These results also 

demonstrate the necessity of using bidirectional coupling. The pressure obtained using one-way 

pressure mapping, bidirectional coupling and measurements is depicted in Fig 12.  In the fully coupled 

simulation, the wall movement damps the pressure oscillation. Displacement from fully coupled 

simulations and simulations with one-way pressure mapping are plotted in Fig 13. When the walls 

remain rigid in the CFD model and the pressure field does not react to the wall movement, the 

obtained displacements in the structural model differ considerably from the measurements. The 

differences between the one-way pressure mapping and bidirectional coupling are similar to those 

obtained by Anderson et al. (2003) who used a simpler model for the flow field. 
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Fig 12: Effect of time integration method with one-way pressure mapping and bidirectional coupling.  

Pressure on the downcomer wall at z=8.85m, φ=90
○
 (left) and at z=2.3m, φ=90

○
 (right).   
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Fig 13: Effect of FSI. Relative radial displacement between the core barrel and RPV at z=7.15m, 

φ=90
○
 (left) and at z=2.3m, φ=90

○
 (right).  

 

In Fig 12, we see that the order of the time-integration method affects the damping of the pressure 

fluctuation, but it has only a small effect on the general behaviour of the pressure field. In these 

simulations, the time step was 10 µs. Also the time step size was varied using the one-way mapping, 

and it turned out that in this case, the first-order method corresponds to the second-order method if the 

time step is one tenth of that used with the second order-method (not shown in the figure). In the 

simulations with bidirectional coupling, time steps of 10 µs and 2.5 µs were applied. We notice that 

some small pressure oscillations are not visible with the larger time step, but the overall behaviour is 

not strongly affected by the time step size.  The simulations with the smaller time step are closer to the 

Star-CD where a second-order time-integration scheme was applied. The effect of time step size is 

most clearly visible in the strain which is depicted in Fig 14. In the previous section, we noticed that 

the strain obtained in the Fluent simulations oscillated less than the one obtained with Star-CD. Based 

on Fig 14, this is caused by the first-order time-integration scheme.  
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Fig 14: Effect of time step size. Hoop (left) and axial (right) strain on the outer surface of the core 

barrel at z=8.85, φ=90
○
. 

4.3 Spatial discretization 

The original grid resolution was mainly aimed at capturing the pressure wave and not to accurate 

description of the flow field. However, it was noticed by Timperi et al. (2008) that including a CFD 

model for the flow improved the results when compared to using the acoustic model. This suggests 

that also improved accuracy in the description of the flow field might affect the results. In the present 

work, the effect of grid resolution in the downcomer was considered as the restricting area of the 

original grid. The flow velocity is very low in most parts of the RPV, but especially near the nozzle, 

the velocity increases in the downcomer increasing also the resolution requirement. One simulation 

was performed with a tripled resolution in the downcomer (fine grid). After this, the resolution was 

increased also in the nozzle and in the nozzle joint area (fine grid 2). Pressure and displacement from 

the simulations with these three grids are plotted on the inner downcomer wall near the nozzle in Fig 

15. We notice that increasing the grid resolution had only a small effect on the obtained pressure field 

and displacement, and thus the original grid resolution can be considered adequate.  
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Fig 15: Effect of spatial discretization. Pressure on the inner downcomer wall at z=8.85m, φ=90
○
 (left) 

and relative radial displacement between the core barrel and RPV at z=7.15m, φ=90
○
 (right). 

4.4 Effect of turbulence modeling 

To study the effect of turbulence modeling, the simulation was run using two turbulence models, 

Launder-Sharma k-ε and k-ω SST, and with no turbulence modelling. In fully coupled cases, the k-ε 

model gave the best prediction for the pressure field. The results of the cases with k-ω and no 

modelling were very close to each other and they underpredicted the pressure field more than the k-ε 

model. This is demonstrated in Fig 16. The main difference between the two turbulence models was 

the turbulent viscosity for which the k-ε model gave much larger prediction than the k-ω model. 
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Fig 16:  Effect of turbulence modelling. Pressure on the downcomer wall at z=8.85m, φ=90
○
 (left). 

Relative radial displacement between the core barrel and RPV at z=7.15m, φ=90
○
 (right).  

5. CONCLUSIONS 

In this article, we have presented results from simulations of the pressure transient occurring in the 

early phase LBLOCA. The results were obtained by bidirectional coupling of CFD and structural 

solvers. The pressure boundary condition was obtained in a two-phase system code simulation with 

APROS. The main aim of this work was to validate the simulation environment against the HDR 

experiments and to describe the sensitivity of the results to pressure boundary condition, numerical 

methods and grid resolution. 

 

The assumption of one-phase flow used in the CFD model was valid until approximately t=100 ms 

and after this, the pressure field clearly deviated from the experimental result. During the first 100 ms, 

the obtained pressure field was slightly underpredicted, but it was still fairly close to the experiments. 

The pressure on both sides of the core barrel was underpredicted in a similar manner, and thus the 

pressure difference, which determines the wall movement, followed the experimental result even 

better. In addition, the pressure difference was not as sensitive to flashing as the wall pressure and the 

wall displacement was predicted quite accurately for the entire simulation, i.e. until t=200 ms. 

 

The original CFD grid resolution and the time step were aimed at accurate description of the pressure 

wave.  The sensitivity of the results to time step size, numerical methods, grid resolution and 

turbulence modeling was studied, and none of the variations clearly improved the original results. 
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However, there were some differences between the k-ε and k-ω turbulence models of which the k-ε 

model gave a better prediction. The reason for this is however unclear, because the grid was probably 

too coarse for accurate description of the flow field. 

 

Based on the present results, we can conclude that the simulation environment is capable of simulating 

the FSI phenomena related to the early phase of LBLOCA where the flow can be considered as a one-

phase flow. The obtained results were fairly close to experimental ones and they were not sensitive to 

pressure boundary condition, numerical methods or grid resolution, and thus it can be stated that the 

accuracy of the simulations was adequate. 
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Abstract 

This paper summarizes the major insights of gas jets entering a tube bundle from either a 

guillotine or a fish-mouth breach. This scenario is highly relevant in nuclear safety since it 

determines the potential retention of radioactive particles during risk-dominant sequences, 

the so called Steam Generator Tube Rupture (SGTR) sequences. The scenario has been 

modeled with the FLUENT 6.2 code and its predictions have been proven to be grid 

independent and consistent with the experimental data available. The topology of the jets and 

the influence of the inlet mass flow rate (from 75 to 250 kg/h) have been studied in terms of 

velocity profiles.  

The results show that the breach shape heavily determines the jet topology. Both jets initially 

describe a quasi-parabolic trajectory, which is affected by the presence of the tubes. A 

guillotine breach generates a jet with azimuthal symmetry, which vanishes for the fish-mouth 

breach configuration. In this case, jet expands azimuthally in a pseudo-triangular way with a 

small angle. This fact diminishes the momentum loss across the bundle, so that for the same 

inlet mass flow rate the fish-mouth jet penetration is higher than the guillotine one. The 

normalized maximum radial and axial velocities of the jet from the guillotine breach are 

found to be self-similar with respect to inlet mass flow rate along the tube row position and 

axial distance to the breach, respectively. However, in absolute terms higher penetrations are 

found at higher mass flow rates. 

Nomenclature  

CAHT Ciemat Artist hydrodynamics tests Greek symbols 

CD Drag coefficient Φ inlet gas mass flow rate 

D,d tube diameter ε turbulent dissipation rate 

Dh hydraulic diameter ω specific turbulent dissipation rate 

h breach height ρ Density 

hs specific enthalpy µ Dynamic viscosity of the gas 

K turbulent kinetic energy µt turbulent viscosity 

k1 pressure loss coefficient τij stress tensor component for i,j=1,2,3 

P pressure θ azimuthal coordinate 

p minimum distance between tubes Subscripts 

qi heat flux component  i,j Cartesian components i,j=1,2,3 

r radial coordinate max Maximum 

TU turbulent intensity  r Radial coordinate 

|U| velocity modulus z Axial coordinate 

ui, uj cartesian velocity components    

Ur, Uz radial and axial velocity components   

u’i, u’j turbulent velocity fluctuations 

xi, xj cartesian coordinates   

z axial coordinate   
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1. INTRODUCTION 

The steam generator (SG) of a pressurized nuclear power plant is a complex structure 

housing various components and around 4000 U-inverted tubes. During the plant operation a 

variety of phenomena may result in tube ruptures that, in case of a reactor core melting, 

would allow radioactive particles to be directly released to the environment. This scenario, 

named Steam Generator Tube Rupture (SGTR), is highly unlikely but its associated hazard 

turns it into a risk-dominant accident sequence.  

Under normal working conditions the secondary side is flooded with water so that in the 

hypothetical case of an accident with fission products release, pool scrubbing would 

attenuate the potential radioactivity leak. However, some sequences could result in water-

empty scenarios and radioactive particles would enter a “dry” secondary side carried by a 

high-velocity gas flow. In this case, particles could get deposited on tube surfaces within the 

break stage, and on the rest of structures above (i.e., support plates, tube surfaces of the 

subsequent stages, separators and dryers).  

Herranz et al. (2007a) highlighted that aerodynamics of the gas carrying particles into the 

break stage of the secondary side of a “dry” steam generator is of utmost importance to fully 

understand the potential radioactivity retention in the break stage of a SG. They showed that 

particles would be mainly depleted by inertial and turbulent mechanisms. Contrarily, 

phoretic deposition processes were anticipated not to play any role due to the absence of 

thermal and steam concentration gradients in the scenario (Bakker, 2001; Güntay et al., 

2002; Güntay et al., 2004).   

This paper explores the aerodynamics of a gas entering the break stage through two types of 

breaches: guillotine and a fish-mouth, by carrying out 3D simulations with k-ω SST turbulence 
model and with the FLUENT code. The influence of the breach shape on the jet topology has 

been analyzed by comparing radial and axial velocity components along different planes. 

Particular emphasis has been given to the effect of the inlet mass flow rate (from 75 to 250 

kg/h) on gas velocity profiles.  Predictions are qualified and validated against experimental data 

(Velasco et al., 2007; Velasco et al., 2008) 

2. COMPUTATIONAL APPROACH 

The code used to investigate the 3D pattern of the gas flow was FLUENT 6.2. (Fluent, 2005). 

The jet motion has been modeled by using the RANS equations, which under steady state and 

in Cartesian form might be written as:  
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Turbulence effects have been simulated by adopting the SST k-ω model, as recommended by 
Menter et al. (1994) in the case of flows in which adverse pressure gradients are set (typical in 

cylinder cross-flow configurations). This model may be understood as an evolution of the k-ω 
model, whose accuracy and numerical stability in the inner region of the boundary layer is 

supplemented with the less demanding k-ε model at the outer region of the boundary layer. A 
major feature of the SST k-ω model, is the consideration of the main turbulent shear stress 
transport, which enables to predict adverse pressure gradients. Bardina et al. (1997) extensively 

tested and validated two-equation eddy viscosity models and showed a better performance of 

the SST k-ω model in complex flows with boundary layer separation.  
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The transport equations (Eq. 4) of the turbulent kinetic energy (k) and its specific dissipation 

(ω) close the previous system, together with the Boussinesq assumption, which makes 
Reynolds stress tensors ( ji uu ′⋅′ ) proportional (µt) to the mean velocity gradient (Eq. 5): 
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Where φ  denotes the independent variable (k and/or ω) and G, Y and Γ represent generation, 
dissipation and effective diffusivity of the given quantity, respectively. The ω transport 
equation adds an additional cross diffusion term (Dω), which arises when merging k-ω and k-ε 
formulation. Description of these expressions can be easily found in literature (Menter, 1994; 

Bardina et al., 1997; Fluent, 2005). 

The whole set of equations are solved by using a segregated implicit solver with a second order 

discretization scheme.     

The overall geometry, hypotheses and boundary conditions used in the modeling of the break 

stage of a tube with a guillotine type breach during a SGTR sequence are presented in the 

following sections. As explained before, additional simulations with a fish-mouth type breach 

were performed. Due to the similarities in the modeling of this scenario with the guillotine one, 

the following sections are focused in the guillotine breach case, whereas the fish-mouth one is 

presented as a parametric case later on. 

2.1 Geometry and grid 

Preliminary studies demonstrated that most of the jet momentum will occur in the vicinity of 

the breach (Herranz et al., 2005). This allowed simulating the SG break stage as if it was a 

square array of 11x11 tubes (0.33 x 0.33 x 1 m), supported by an upper and a lower plate 

(Fig.1). The bundle of tubes is bounded by vertical walls. The dimensions of the tubes and 

support plate are identical to those used in a stage of a SG of a nuclear power plant. The 

tubes are 0.019 m in diameter with a tube-to-tube spacing of 0.008 m. The broken tube is 

located at a central position in the bundle since the main goal of the study is to characterize 

the jet-tubes interaction. Such a position minimizes the effect of the bounding walls in the jet 

motion across the bundle. In the case of the fish mouth breach, as the jet momentum 

penetrates further in the bundle, the position changed to prevent from undesirable wall-jet 

interactions. Both breaches (hguillotine=0.005 m, hfish-mouth=0.04 m) are located at 0.25 m from 

the lower plate.  

In both simulations, the flow is forced to exit through the breach and to expand across the 

bundle, leaving the domain through the top lid downstream the upper plate. The fluid is 

injected upwards at the base of the broken tube simplifying the natural motion through the 

bundle. Bundle configurations were identical to those of the experimental CAHT set-ups 

(Velasco et al., 2007, Velasco et al., 2008), whose measurements were used for validation 

purposes. 
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Fig. 1. Bundle configurarion. 

 

Due to the symmetry and the breaches shape, the domain was reduced to 1/8 and 1/2 of the 

original one for the guillotine and fish-mouth cases, respectively. Each volume was meshed 

with hexahedral cells and a refined grid near the breach was set in order to capture the sharp 

velocity gradients of the jet shear layers (Fig. 2).  

In the guillotine case, two initial grids of around 0.38 M and 1.6 M cells were defined to assess 

grid independence. Both of them were refined in order to describe in more detail boundary 

layers, which were initially described with more than 10 cells. In the fish-mouth case, the 

domain was discretized with a mesh of 1.2 M cells. In one of the cases, grid independence was 

assessed through a refined version of around 1.29 M cells, since the volume increase and the 

computational capabilities prevented to define a higher grid density.   

Both meshes were designed according to Best Practices Guidelines (Menter et al., 2002, 

Mahaffy et al., 2007) so that numerical diffusion is reduced and accuracy and convergence 

are enhanced. As a result, a good mesh quality was achieved: In the guillotine case, 73% of 

the mesh had aspect ratios smaller than 50 (the remaining 27% is located in the region close 

to the boundary layer where higher aspect ratios are seen as acceptable); angle and size 

skewness were smaller than 0.1 in around 80% of the cells; and, finally, growing factors 

throughout the mesh were less than 1.4. In the fish-mouth case, 87% of the cells have aspect 

ratios smaller than 50; and angle and size skewness are smaller than 0.2 in 70% of the cells. 

 

Fig. 2. Horizontal cross-section of guillotine (left) and fish-mouth (right) meshed domains. 
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2.2 Hypotheses and boundary conditions 

Gas flow modeling and boundary conditions are similar in both guillotine and fish-mouth 

breach cases, reproducing as close as possible experimental conditions (Velasco et al., 2007; 

Velasco et al., 2008). They are summarized in the following table. 

Table I. Hypotheses and boundary conditions. 

Breach type Guillotine Fish-mouth 

Compressibility √ √ 
Steadiness √ √ 
Turbulence model SST k-ω SST k-ω 

Position Base of the broken tube 

Φ 75, 150, 250 kg/h 75, 250 kg/h Inlet  

TU 4% 4% 

Position Top lid of the bundle 

p 1.3·10
5
 Pa  1.2·10

5
 Pa Outlet 

TU 7.2% 7.2% 

Walls (non-slip condition) Tubes, vertical surfaces, lower plate 

Symmetry planes θ=0o, θ=45o  plane y = 0d 

Upper support plate 

Porous media 
2

U
kP

2

1

ρ
=∆  

k1 = 3.254 

 

3. NUMERICS AND MESH-QUALITY 

Two quality criteria were met by the simulations:  

• Low and steady values of scaled residuals (≤ 10
-3
).  

• Steadiness of specific variables characterizing gas jet aerodynamics, like mean 

velocity, turbulent kinetic energy and specific dissipation rate. 

As already said for the case of the guillotine breach, grid independence was explored through 

the results obtained from several meshes. It is illustrated in Table II through some aerodynamic 

variables particularly significant for particles deposition on tube surfaces by inertial impaction 

and/or eddy deposition (i.e., mean wall shear stress and velocities). As observed, these values 

differ in less than a 10%, and the y+ values reached ensure the good resolution of the flow 

within the boundary layer.  Scaled residuals may be noted to meet the above criterium. In the 

fish-mouth breach, a refined mesh assessed this analysis for the 250 kg/h case (Table III). As 

observed, differences are less than a 5% and residuals reach previous low values. However, y+ 

values exceed the recommended maximum 5 (Fluent, 2005). It must be noticed that these 

values are an average over the whole domain and at those surfaces of highest turbulence in the 

region close to the breach, these values are reduced to around 1.5. 
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Table II. Numerical properties and results of guillotine simulations. 

Φ 75 kg/h 150 kg/h 250 kg/h 

Grid Coarse Fine Coarse Fine Coarse Fine 

Number of cells 379760 1582905 373334 1582905 431546 1582905 

Scaled Residuals 10
-4
 10

-3
 10

-3
 10

-3
 10

-4
 10

-4
 

Discretization 2
nd
 order 2

nd
 order 2

nd
 order 2

nd
 order 2

nd
 order 2

nd
 order 

Mean y+ 1.14 0.47 1.85 1.09 2.63 1.35 

Mean wall shear stress (Pa) 0.05 0.042 0.17 0.164 0.36 0.38 

|U|max  (m/s) 89 90 160 167 248 250 

|U|mean, breach (m/s) 62.41 64.34 116 120.2 170.77 175 

|U|mean, outlet (m/s) 0.186 0.208 0.37 0.41 0.63 0.69 

Table III. Numerical properties and results of fish-mouth simulations. 

Φ 75 kg/h 250 kg/h 

Number of cells 1200195 1200195 1288633 

Scaled Residuals 10
-5
 10

-5
 10

-5
 

Discretization 1
st
 and 2

nd
 order 1

st
 and 2

nd
 order 1

st
 and 2

nd
 order 

Mean y+ 11 24 23  

Mean wall shear stress (Pa) 0.07 0.43 0.44 

|U|max  (m/s) 163 379  369 

|U|mean, breach (m/s) 114 248.6  246 

|U|mean, outlet (m/s) 0.3 0.68  0.69 

From now on, the layout of the results will be presented in cylindrical coordinates (r, θ, z) 
whose axial origin is set at the lower part of the breach and the radial one, starts just at the 

surface of the broken tube.  

Fig. 3 displays an example of the velocity profiles along two vertical lines placed at different (r, 

θ) locations for the guillotine case (Φ = 250 kg/h). The maximum corresponds to the velocity of 
the jet emerging from the break into the secondary side. At this location as well as at both sides 

of the maximum, both meshes provide the same flow behavior. In absolute values, velocity 

magnitudes agree, deviations being less than 15% at the jet core. 
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Fig. 3. Velocity profiles along two vertical lines (left: r= 4.5 mm, θ=0o; right: r=10 mm, θ=33o). 

4. Validation 

Validation of the simulations was carried out against a data base built-up for this purpose 

(Velasco et al., 2007, Velasco et al., 2008). A mock-up facility consisting of a tube bundle of 

11x11 rows was used to simulate the break stage of the SG. The bundle was bounded by a 

vertical methacrylate structure that permitted the investigation of the jet aerodynamics with 

optimal optical access. A standard 1660x1200 pixels PIV cross-correlation CCD camera, a 

pulsed Nd:Yag laser and two different lenses (28 and 300mm F2.8) were used to record the 

images. Additionally, a Pitot tube was used to characterize specific regions of the fluid domain. 

Uncertainties in PIV and Pitot tube measurements of the mean velocity field have been 

estimated to be less than 35% and 10%, respectively, within a 95% of confidence level. The 

inlet tube mass flow rate was varied in the experiments from 75 to 250 kg/h. TiO2 was used as 

seeding material. 

Fig. 4 compares predictions obtained in the space between the broken tube and the first 

neighbor and the equivalent PIV measurements of velocity fields acquired in the experimental 

campaign for both breaches. Blank contours in the guillotine simulations mean that velocities in 

those regions were higher than the range plotted (i.e., up to 52 m/s). Overall, the experimental 

description and the theoretical one were consistent:  

• Guillotine breach results show that once impacting the neighbor tube, the gas exiting 

the breach in form of a jet splits in upwards, downwards and sidewards streams (just 

the two former can be observed in the plot). The jet causes a noticeable entrainment of 

the fluid around, both at the upper and at the lower region. Nonetheless, again 

consistently with data, simulations anticipate a more substantial suction above than 

below the jet. This is due to the parabolic trajectory of the jet that fosters a recirculation 

in the concave region. This trajectory results from the combination of three factors: the 

initial vertical component of the jet; the presence of tubes, which fosters gas motion 

along tube surfaces (Coanda effect, i. e. adhesion of a fluid to a curved surface, Schuh 

et al.; 1964); and the gas drift due to the location of gas exit at the top of the facility.  

• The fish-mouth case (Φ = 75 kg/h) results show the jet exiting the breach. The 

normalized PIV measurements and simulation were qualitatively consistent, namely 

both trends agree on flow orientation and velocity profile shape: they display a quasi 

top-hat velocity profile and the vectors orientation is similar except for the lower region 

of the breach, where PIV data slightly increases with respect to mid and upper regions.  

     

Fig. 4. PIV, FLUENT guillotine velocity contours (left), fish-mouth velocity vectors (right). 

Fig. 5 allows a quantitative comparison between predictions and data along one vertical line 

located at θ=0o and at 1/3 of tubes spacing. As observed, the figure includes complementary 

PIV                              FLUENT 
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Pitot tube data at 1/3 of the tube spacing obtained in a free jet configuration. As discussed by 

Velasco et al. (2008), they provide more reliable velocities in the region of jet core near the 

breach as PIV measurements in this location suffer from some experimental drawbacks. This 

comparison is considered meaningful since at such a short distance from the breach, no major 

effects on velocity magnitude due to the presence of tubes are expected.  

In both cases, simulations captured the experimental profile and its accuracy can be considered 

reasonable: 

• Guillotine: Major deviations found in the core region are around 8% with respect to the 

Pitot tube readings. As observed, there are slight discrepancies between simulations 

and PIV measurements at both sides of the jet core. However, predictions are well 

within the experimental uncertainty band.   

• Fish-mouth: Simulation estimates and PIV data discrape around a 50% whereas the 

comparison to Pitot readings shows an outstanding qualitative and quantitative 

agreement, which support simulations consistency. 

   

Fig. 5. Vertical velocity profiles at θ=0o and r/p =1/3 for guillotine (left, 250 kg/h) and fish-
mouth (right, 75 kg/h). 

5. Results 

The analyses of the simulations were essentially focused on the characterization of jets across 

the bundle for both breach configurations.Their differences and similarities as well as the 

influence of the inlet mass flow rate are shown in terms of the radial and axial velocity 

components at different planes.  

5.1 Jet evolution 

Jets evolution across the bundle can be observed in Fig. 6, which shows the velocity fields at 

different heights (250 kg/h). It is noteworthy that in quantitative terms, colors have a different 

meaning in each plot, since the scales are different.  

Both jets leave the breach drawing a quasi-parabolic shape with a high initial radial 

displacement, whose trayectory is affected radially and axially by the presence of the tubes 

(Fig. 5, Fig. 6). In the guillotine case, the jet distributes evenly over the entire azimuthal 

direction. As the jet impinges on tubes two major effects are observed. In the radial direction, 

impingement on the tubes makes the jet flow along diagonal directions since resistance is 
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minimum (fewer obstacles). In the axial direction, once the jet impinges on the tube surface, a 

fraction of the jet is driven upwards around the tube, as if it was attached. This behavior may be 

attributed to the so called “Coanda effect” (Schuh et al., 1964; Schlichting et al., 2000), and it 

becomes more noticeable as the radial momentum becomes small. The net result is an 

enhancement of the axial orientation of the jet. As noted, in the fish-mouth case the 

circumferential symmetry vanishes and the jet expands azimuthally in a pseudo-triangular way. 

It hits almost entirely the facing tube row moving essentially parallel to it. Once the jet is 

intercepted by each tube, a fraction is diverted upward until eventually escapes through the top 

lid of the bundle. 

  

Fig. 6. Velocity vectors at different heights (250 kg/h): guillotine (left), fish-mouth (right). 

Radial and axial velocity components were analyzed along different planes trying to follow 

each jet trajectory: four azimuthal directions ( 0º, 15º, 30º and 45º) for the guillotine breach and 

four parallel planes (y=0·d, 0.25·d, 0.5·d and 0.5·(d+p)) for the fish-mouth one (Fig. 2).  

Fig. 7 shows the normalized maximum radial velocity as a function of the distance from the 

breach (250 kg/h). The latter is expressed in a dimensionless way by defining a unit length as 

the distance from the breach to the first tube in each of the directions analyzed (black vertical 

lines in the plot representing a tube location). Note that velocity normalizations were performed 

independently for each case. 

In the guillotine case, radial velocity reaches a maximum at around 1/3 of the first spacing 

(expansion effect due to the pressure drop at the breach) and decreases differently depending on 

direction. Along 0º and 45º, where the jet impinges the first neighbor tube surface in a nearly 

cross flow configuration, velocities sharply decrease at the vicinity of tube surface. At 

directions 15º and 30º, the jet does not approach the tubes normally but tangentially, which 

makes their radial velocity evolve in a rather continuous way. On 0º and 45º planes, it may be 

noted that radial velocity reaches a secondary maximum in between first and second neighbor 

tubes. In fact, those maxima might be observed on any plane touching the tube surface. 

However, the collapse in a non-dimensional axis (which requires to shrink tube width at each 

azimuthal plane into a single point at the x axis), prevents that observation on planes out of the 

perpendicular direction to the tubes. Those maxima are located adjacent to the wake region 

caused by the boundary layer detachment, so that they appear at longer distances on those 

planes oriented perpendicularly to the tube axis (i.e., 0º and 45º). Regardless direction, from the 

second tube on, normalized radial velocities nearly vanish to less than 5% of the inlet velocity.  
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Fig. 7. Normalized maximum radial velocity (250 kg/h): guillotine (left), fish-mouth (right). 

In the fish-mouth case, the jet also expands when exiting the breach, reaching a maximum 

radial velocity at 1/3 of the spacing between the breach and the first neighbor (y=0·d, Fig. 7). 

As observed in this spacing, planes other than y=0·d do not notice initially the jet stream due to 

the jet slot-like shape that constrains the jet width.  They show the distances required for the 

initially quiescent gas to get sucked by the jet, reaching their maxima velocities close to the 

first tube. From then on, radial velocity decreases differently depending on the plane. Along 

y=0·d and y= 0.25·d, the jet also impinges the tubes in a nearly cross-flow configuration 

displaying similar bumps to what has been shown in guillotine profiles (planes 0º and 45º). 

However, the latter presents lower velocities because of its larger exchange surface with the 

surroundings, which enhances momentum loss. Therefore, jet radial penetration is higher in the 

fish-mouth configuration than in the guillotine one.  

The highest maximum radial velocities are reached along planes y=0.5·d and y=0.5·(d+p) as the 

jet flows almost freely without obstacles. Their decreasing rate is also milder than those of the 

previous planes intercepting the tubes. Furthermore, along plane y=0.5·d the gas presents peaks 

of maxima velocities where it touches tangentially the tubes. They result from the acceleration 

of the gas flowing over the tube surface in the favorable pressure gradient direction. This is also 

observed in the guillotine profile, the maximum at 1/3 of the second spacing of plane 30
o
 shows 

the acceleration of the gas flowing close to the rear of the facing diagonal neighbor tube. 

The normalized maximum axial velocities are shown in Fig. 8, where axial position (z) was 
normalized with the breach height (h). As observed, for both breach configurations this velocity 

decreases when increasing the axial distance from the breach. The maximum values are attained 

in the plane facing the breach (along 0º and y=0·d directions), as the radial momentum of 

impacting jet (transformed into the axial) is higher at that location. 

Regardless azimuthal direction in guillotine profiles, axial velocities decrease to 10% of the 

maximum at the axial distance z/h of around 20. From then on, velocity keeps on diminishing 

but with a milder slope.   

Regarding fish-mouth profiles, velocities of planes intercepting the tubes evolve in a similar 

way, whereas the other ones behave differently. Those differences found with planes y= 0.5·d 

and y=0.5·(d+p) at z/h ratios lower than 5 indicate the evolution of the quiescent surrounding 

gas when influenced by the jet. From this value on, axial velocities converge reaching a 10% of 

the maximum at z/h around 14.   

The comparison of both configurations shows a faster decay and lower velocities for the fish-

mouth breach than the guillotine one until z/h around 5, where both velocities reach around a 

30% of their maximum. From that value on, both velocities decrease similarly. It must be 

noticed that fish-mouth breach height is 10 times larger than the guillotine one. Therefore, in 
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absolute values a larger region of the bundle would undergo a higher influence of the jet in the 

case of a fish-mouth breach than in the case of a guillotine one.  

 

Fig. 8. Normalized maximum axial velocity (250 kg/h): guillotine (left), fish-mouth (right). 

5.2 Effect of the mass flow rate 

The effect of the initial mass flow rate is presented in terms of the maximum radial and axial 

velocity profiles for the guillotine breach configuration (Fig. 9). As observed from the figure, 

the inlet mass flow rate does not yield any difference in the radial or axial jet behavior. In other 

words, the decreasing trends of the radial and axial velocities as the jet penetrates across the 

tube bundle have a generic nature. Of course, when the natural distances are considered, 

velocities hold noticeable values at deeper or higher locations at high mass flow rates. 

Therefore, the highest mass flow rate the deeper penetration. 

 

  

Fig. 9. Normalized maximum radial (left) and axial (right) velocity profiles (75, 250 kg/h). 
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6. Conclusions 

This work summarizes the 3D CFD modeling of the aerodynamics of a jet emerging from a 

guillotine and a fish-mouth breach into the break stage of a dry steam generator during SGTR 

sequence. The scenario was modeled using the SST k-ω turbulent model. Best practices 
guidelines were followed and results were proven to be grid independent and agreed with the 

experimental database. The CFD modeling of the jet has provided valuable insights into the jet 

behavior across the bundle.  

The results showed that the jet behaves in a different way depending on the breach type. In case 

of the guillotine breach, it evolves within the tube bundle following a generic quasi-parabolic 

pattern with azimuthal symmetry. Initially, it is dominated by the radial velocity component, 

followed by a progression mainly in the diagonal direction with a dominant axial velocity 

component. In case of a “fish-mouth jet”, the azimuthal domain of the jet is limited to less than 

±25o and the jet distribution in the radial and axial direction occur at the same time. So to say, 
during the jet penetration in the bundle, a fraction of mass flow rate is diverted upwards.  

Regarding velocity magnitudes, jets from fish-mouth breaches reach further radial and axial 

distances than those from guillotine ones for the same initial mass flow rate. The faster velocity 

decrease of guillotine velocities might be a consequence of its larger surface exchange area 

when compared to the fish-mouth one. Regarding inlet mass flow rate, it was seen that for the 

guillotine breach configurations it influences the jet in absolute terms, namely deeper 

penetration are reached at higher mass flow rates. However, in relative terms the normalized 

maximum radial and axial velocities were shown to be self-similar. 

In the scenario analysed the principal aerosol deposition processes foreseen are inertial 

impaction and turbulent deposition. Both mechanisms are intrinsically linked to the 

aerodynamics of the gas carrying the particles. The deep understanding of the in-bundle gas 

motion gained through these 3D analyses will make it possible to encapsulate the gas jet 

description in 1D theoretically based correlations. By doing so applicability of these studies to 

nuclear safety will be straightforward since 1D correlations are fully compatible with current 

architecture of nuclear safety codes.   
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Abstract 
 

The paper discusses an application of the Computational Fluid Dynamics (CFD) method to support the 
development and validation of a computationally-affordable method named Effective Convectivity Model 
(ECM) for simulation of turbulent natural convection heat transfer and phase changes in a decay-heated 
corium pool in the Boiling Water Reactor (BWR) lower head. The CFD method simulations enable 
detailed study of separate-effect phenomena of corium flows. Insights gained from the CFD simulations, 
e.g. the heat flux profile along the vertical wall and the locally enhanced downward heat flux in the 
vicinity of the Control Rod Guide Tube (CRGT), are implemented in the ECM model and its extension, 
the PECM, for phase changes. The paper reports validation of the PECM model against experimental data, 
including SIMECO and LIVE experiments. Assessment of thermal loading on BWR vessel structures 
during severe accident progression using the PECM is performed and safety-relevant aspects are 
discussed. 

1. INTRODUCTION 
During the late phase of in-vessel accident progression, there is likelihood that a core melt pool will be 
formed in the reactor lower plenum. It is clear that in the case of core melt pool formation, predictions of 
melt pool characteristics and thermal loads on the vessel wall and reactor internal structures, as well as 
evaluations of the cooling measure effectiveness are of paramount importance for safety analyses. In order 
to perform such risk assessments, reliable and efficient tools are needed for simulations of melt pool heat 
transfer with high-fidelity prediction results. 

Predictions of reactor scale melt pool characteristics and thermal loads are difficult tasks, especially for 
BWRs. There is a forest of CRGTs in the BWR lower plenum. The CRGTs can be used as a cooling 
measure by inside water flows to remove the heat from a melt pool. However, the presence of CRGTs 
makes geometry of the lower plenum complex. The main difficulties of reactor scale melt pool 
simulations are related to the high Rayleigh number (1015-1017) of a core melt pool, to the complex flow, 
specific geometry (e.g. BWR lower plenum) and long term transients of the accident progression.  

The widely accepted engineering approach employing low-Reynolds number turbulence models (k-
epsilon etc.) fail to predict energy splitting and heat flux distributions of a high-Rayleigh number core 
melt pool, Nourgaliev and Dinh (1997). The Direct Numerical Simulation (DNS) CFD method provides 
capability for analysis of thermal hydraulics and gaining insights into turbulent natural convection. 
However, the DNS method is computationally expensive. DNS can not be used for simulation of long 
transient (tens hours) flow and heat transfer of a melt pool in the real BWR lower head geometry. 
Nonetheless, CFD methods have been used for revealing flow physics and examining separate-effect 
phenomena. Previously, Dinh et al. (1997) performed CFD simulations to assess the significance of some 
selected effects, including variations in melt properties, pool geometry and heating conditions. The 
common approach is to conduct simulant material experiments and to generalize experimental data in the 
form of correlations. In general, small-scale core melt experiments are difficult to apply, as a result of the 
heating methods, geometry representation, low value of Rayleigh number Ra and other measurement and 
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test performance difficulties. Analytical and computational modeling has not yet proved to be reliable 
enough to describe turbulent natural convection and heat transfer of a large volumetrically heated pool in 
the lower plenum. The highest priority should be given to the separate-effect phenomena that could have 
the largest effect on the heat fluxes imposed on the melt pool boundary. 

Historically, majority of experimental correlations on natural convection heat transfer were obtained with 
water (Pr = 7) or freon (Pr ~ 8-12). In the later work of Nourgaliev et al. (1997), the effect of the relatively 
low Prandtl number of corium (Pr ~ 0.1-0.6) on heat transfer characteristics in internally heated liquid 
pools (rectangular, semicircular and elliptical cavity configurations) was numerically studied. The effect 
of Pr number on Nu number at the bottom surface is found to be significant and it increases with the 
increase of Ra number.  

For engineering analysis, simplified models are needed to predict heat transfer of a melt pool. Cheung et 
al. (1992) developed the model of effective diffusivity and used to solve analytically heat transfer in a 
horizontal heat-generating layer. The Effective Convectivity Conductivity Model (ECCM) was first 
introduced in by Bui and Dinh (1996), implemented in the code named MVITA and reported in detail by 
Sehgal et al. (1998). The lumped parameter method used in the severe accident codes MELCOR 1.8.6 
(2005) and MAAP (1999), as well as in the studies of Park and Dhir (1992), and Dombrovskii et al. 
(1998), is an effective approach for solving heat transfer of a melt pool. Also, the Finite Element Method 
(FEM) in the COUPLE solver, using the effective thermal conductivity combined with the local heat 
transfer model of the SCDAP/RELAP5-3D, seems to be an effective tool for simulations of heat transfer 
of a melt pool, being capable to describe natural convection and dynamics of the phase-change boundary 
of a pool in 2D geometry (SCDAP/RELAP5/MOD3, 2003). Willschuetz et al. (2006) implemented the 
effective conductivity model in ANSYS code to simulate melt pool heat transfer in conjunction with thin 
boundary layers surrounding a debris bed as a tool to correct temperature profile and energy splitting. 
However, due to specific limitations, these simplified models are not suitable for solving melt pool heat 
transfer in the real geometry of a BWR lower plenum.  

Thus there is a necessity to develop a new tool which is computationally-affordable and sufficiently-
accurate to be able to capture flow physics for simulations of accident progression in the real BWR lower 
plenum geometry. In the present study, we formulate an approach and show a way of effective usage of 
CFD for solutions of Nuclear Reactor Safety (NRS) problems, namely heat transfer and coolability of a 
corium pool in the BWR lower head. The technical approach is delineated in Fig. 1. 
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Simplified Models
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Fig. 1: A technical approach to solutions of core melt pool heat transfer in a BWR lower head. 
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The main task is assessment of thermal loadings on the vessel wall and structures during the late phase of 
in-vessel accident progression in a BWR (Fig. 1, A). At the first stage we realized that due to complicated, 
long transient physical phenomena and complex geometry, the CFD methods are not directly applicable 
for solving of heat transfer of a core melt pool in the BWR lower head. Thus, development of 
computationally efficient and reliable models is a must for solution of the problem. 

At the second stage (Fig. 1, B, B1), the analysis of physical phenomena involved in the BWR corium pool 
heat transfer shows that important separate-effect phenomena can be the descending flows along the 
cooled CRGT walls (boundary layers), the flow impingement on the vessel wall in the vicinity of CRGTs. 

Then (Fig. 1, B2, B3, B4) using available experimental data and performing CFD simulations for specific 
BWR lower head geometries, we examine separate-effect phenomena, generating database for 
development and validation of models. For attaining this purpose, we employ the Fluent code. 
Experiments provide data for validation of the CFD tool (from B2 to B3). 

Based on the insights gained from the experiments and CFD simulations, the simplified computationally 
effective models ECM and PECM were developed (Fig. 1, C). The simplified model reflects the local 
effects of heat transfer and enables use of experimentally obtained heat transfer coefficients (a correlation-
based simplified model). The ECM (and PECM) is implemented in Fluent using User Defined Functions 
(UDF). Using a commercial CFD code as a vehicle allows us to take advantages of the code pre- and post 
processing tools including the Adaptive Mesh Refinement (AMR) technique. 

The key step is validation of the simplified model (Fig. 1, D) with a dual-tier approach, i.e. against 
experimental data and data provided from CFD simulations. Finally, the validated simplified model is 
applied for simulations of melt-vessel interactions in real geometry of the BWR lower head with a forest 
of CRGTs (Fig. 1, E).  

The paper material is presented as follows. In Section 2, results of CFD simulations are presented. The 
basics of the ECM method (the ECM and PECM) and its validation are introduced in Section 3. In Section 
4, an application of the ECM method to simulations of melt pool formation heat transfer in BWR lower 
plenum geometry is presented. A summary and safety-relevant key finding conclude the paper. 

2. CFD SIMULATIONS AND INSIGHTS INTO FLOW PHYSICS 
2.1. CFD method and grid convergence study 
The methods of DNS and Large Eddy Simulations (LES) are powerful tools to analyze turbulent flows in 
detail (Grotzbach and Worner, 1999). A suggestion was made on that LES is the most promising and 
efficient approach to numerical simulations in both Rayleigh-Benard fluid layers and volumetrically 
heated liquid pools, as well as to intensive applications to the thermal fluid-structure interaction problems. 
A series of previous publications (Dinh and Nourgaliev, 1997), demonstrated that anisotropy is the utmost 
important factor in understanding and modeling of high Rayleigh-number thermal convection. 

The CFD method used in the present study is a high-resolution grid method to effectively provide large 
eddy simulations without an explicit Sub-Grid Scale (SGS) model (“no model” LES method). To 
effectively capture wall-boundary effects, a much higher resolution grid is provided in the near-wall 
region of the computational domain. Numerical simulations for different unstably stratified thermal flows 
using the “no model” LES showed that the method works quite well in predicting mixing and heat transfer 
of natural convection in volumetrically heated liquid pools and for transient cool-down liquid pools 
(Nourgaliev et al., 1997). An analysis of past works as well as a review of recent advances in turbulence 
modeling and simulation revealed that an empirical selection of numerical schemes for use in “no model” 
LES method of turbulent natural convection in internally-heated liquid pools has a root in Monotonically 
Integrated LES (or MILES) method (Boris et al, 1992). This CFD method is validated against the existing 
experimental data, and results of the CFD simulations are well agreed with the experimental data (±15%) 
for a wide range of Rayleigh number (108-1014) (Tran and Dinh, 2007). 
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A grid convergence study is performed for a volumetrically heated fluid (core melt) layer cooled from the 
top in 3D geometry. As it is shown in Fig. 2, grid convergence can be obtained for the predicted heat 
transfer coefficients. Although, we have to mention that the demand for the grid resolution is growing 
with increase of Ra number. Grid resolution required for convergence in a wide range of Ra number is 
presented in Fig. 3. All results of CFD simulations presented in the paper are obtained with a grid 
resolution which provides grid convergent solutions. 
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Fig. 2: Grid resolution dependence of heat transfer coefficients. 
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Fig. 3: Rayleigh number dependence of required grid resolution (H/∆X,Y,Z). 

2.2. CFD simulation of flow and heat transfer in a BWR lower plenum unit volume 
We define the unit volume as a rectangular cavity surrounding one CRGT. In the case of core melt pool 
formation in the BWR lower plenum, natural convection in the pool is driven by buoyancy force of decay-
heated liquid and downward boundary layer flows along cold surfaces of CRGTs and the vessel wall. Due 
to a large number of CRGTs (hundreds) in the lower plenum, it is reasonable to assume that the flow 
pattern in the unit volume is only slightly affected by the large scale circulation flow in the pool. In this 
case, the unit volume can be considered as representative characteristic geometry of the BWR lower 
plenum. Flow pattern and heat transfer inside the unit volume completely define heat exchanges between 
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the pool, the CRGTs and the vessel wall. Thus understanding of unit volume heat transfer is a key for 
prediction of corium melt pool heat transfer. 

In the present work, the CFD simulation is performed for a unit volume of 0.3126x0.3126x0.4 m. The 
diameter of the CRGT is 0.1245 m. Isothermal boundary conditions are applied to the top, CRGT and 
bottom walls. A fine grid with cell sizes of less than 0.5 mm is provided along the cooled boundaries 
where temperature gradients are high. Fig. 4 shows contours of the velocity and temperature. It is seen that 
a well-mixed region and a stratified region are formed respectively in the upper part and lower part of the 
volume. A boundary layer is formed along the CRGT. The heat flux along the CRGT is higher in the 
upper part (Fig. 5). In the prevalent part of the CRGT, the heat flux profile obeys the boundary layer 
development concept which produced the following heat transfer correlation (Chawla and Chan, 1982): 

4/1
4/1

4/1 Pr
21
20Pr508.0 yside RaNu

−

⎟
⎠
⎞

⎜
⎝
⎛ +=     (1) 

The heat flux analytically derived from eqn. (1) is described graphically in Fig. 5 as the analytical model. 

CRGT CRGT

 
Fig. 4: Unit volume CFD simulation, contours of temperature (left) and velocity (right). 
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Fig. 5: Profile of heat transfer along a cooled vertical wall and boundary layer concept. 
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The analysis of the downward heat flux revealed a locally enhanced heat flux surrounding the CRGT (Fig. 
6). The enhancement of the heat flux is related to the low fluid Prandtl number (Pr = 0.6) effect which was 
previously studied by Nourgaliev and Dinh (1997). Additional simulations performed for higher Prandtl 
numbers (for the same Rayleigh number and mesh) show that with increasing of Pr number the effect is 
getting weaker. As shown in the figure, for Pr = 18, the effect is almost disappeared. 

CRGT

   

CRGT

 
Fig. 6: Contours of downward heat fluxes for different Prandtl numbers: Left Pr=0.6; Right Pr=18. 
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Fig. 7: Surface-averaged downward heat flux profiles of different Pr numbers. 

The effect of low Pr number on the downward heat flux is shown clearer in Fig. 7. In the region close to 
the CRGT, the heat flux is almost sixfold of that in the outside region for the case of Pr = 0.6. The 
downward heat flux is not only increased locally (in the vicinity of the CRGT), but the surface average 
values of the downward heat flux are also increased, although not very much. Table 1 gives values of the 
upward, sideward (i.e. to the CRGT) and downward heat fluxes calculated from CFD simulations for three 
different Prandtl numbers. While the upward and sideward heat fluxes are almost unchanged, the 
downward heat flux of Pr = 0.6 is increased for 29% compared with the case of Pr = 18. 

We suppose that the enhancement of the downward heat flux may threaten the vessel integrity. Without 
external vessel cooling, high downward heat fluxes from the corium pool would cause a rapid ablation of 
the Reactor Pressure Vessel (RPV) wall. Most importantly, the impingement of the flow descending along 
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the CRGT cooled wall may cause local vessel melt-through leading to melt discharge as a film along the 
ex-vessel part of the control rod driver. 

Table 1: Steady state surface-averaged heat fluxes and pool temperature of different Pr number cases 

Parameters Pr = 0.6 Pr = 6.0 Pr = 18.0 
Pool temperature, K 3164.11 3157.26 3232.28 
Upward heat flux, W/m2 167110 162640 159994 

Sideward heat flux, W/m2 108156 113536 115405 
Downward heat flux, W/m2 34879 28601 27051 

As it has been shown, the CFD simulations provide profiles of the sideward heat flux and locally 
enhanced downward heat flux surrounding the CRGT. The obtained profiles were implemented in the 
developed simplified ECM model which is used to simulate melt pool heat transfer of a real BWR lower 
plenum configuration.  

3. THE ECM METHOD 
3.1. The ECM method introduction 
The ECM method advanced the concept of the Effective Convectivity Conductivity Model (ECCM) of 
Bui and Dinh (1996). The ECM method uses only the effective convectivity model implemented in the 
Fluent through UDF. The detailed description of the ECM is presented in Tran and Dinh (2007). Later on, 
the ECM was extended to Phase-change problems, so called PECM, which is described in detail by 
Tran and Dinh (2007). For the readers to follow more easily, we present a short introduction to the ECM 
and PECM. 

In the ECM and PECM we do not solve Navier-Stokes equations. The following heat transfer equation is 
solved as a conduction equation: 

( ) ( ) ( ) ( ) ( ) vpp QuLTuC
t
HTkTC

t
+•∇−•∇−

∂
Δ∂

−∇•∇=
∂
∂ ρρρρ   (2) 

The ECM method uses the directional characteristic velocities Uup, Udown and Uside instead of the fluid 
velocity u, to describe convective terms of equation (2). The characteristic velocities are derived using 
energy balance equations, and presented through heat transfer coefficients as follows: 
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where Hpool is the depth of the melt pool, Hup is the depth of the pool upper mixed region; Hdown is the depth 
of the lower stratified region; Wpool is the pool width. The Hpool and Wpool are taken from the transient values 
of the formed pool during simulation, Hup (and Hdown) is assumed to be as follows: 
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downsideup
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NuH
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=      (6) 

In the ECM, the Steinberner-Reineke correlations (Steinberner and Reineke, 1978) are used to calculate 
Nuup and Nudown. The sideward Nusselt number Nuside is defined using equation (1). 

As it is seen, the defined characteristic velocities are always positive, this means that an artificial amount 
of energy is added into computational domain during one time step of simulation. This additional amount 
of energy has to be extracted in the next step of simulation. A numerical technique is applied to extract the 
artificial added energy using UDF of Fluent. 

For a mushy region, the characteristic velocity values depend on the fluid fraction. It is possible to 
implement different models of fluid fraction dependence of a mushy velocity. Having the possibility of 
implementing the fluid velocity in a mushy zone, the ECM method enables description of natural 
convection heat transfer of a mushy zone, thus enables simulations of melt pool formation heat transfer. 

3.2. Validation of the ECM and PECM 
The ECM and PECM tools were validated against experimental data and the data obtained from CFD 
simulations (a dual approach) as shown in Table 2. 

Table 2: Data used for validation of the ECM and PECM 

Validated tools Experimental and CFD 
simulation data  

Descriptions 

Kulacki-Emara experiment Fluid layer cooled from the top wall 
Kulacki-Goldstein experiment Fluid layer cooled from the top and bottom walls 

 

ECM 
Unit volume CFD simulation Unit volume cooled from the top, CRGT and 

bottom walls 
SIMECO experiment, 1998 Circular segment of eutectic NaNO3-KNO3 melt, 

cooled from the top surface and vessel wall PECM 
LIVE-L1 experiment, 2006 Semispherical plenum of non-eutectic NaNO3-

KNO3 mixture, cooled by an external water flow 
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Fig. 8: Transient temperature profiles of ECM simulations vs. Kulacki-Emara experiment data (Note to 

the figure: Tw is top wall temperature, H is the heat source and L is the thickness of fluid layer). 



 9 

Experimental data used for validation of the ECM include (i) transient temperature profiles of Kulacki & 
Emara (1977) with fluid layer cooled from the top; and (ii) experiment of Kulacki & Goldstein (1972) 
with fluid layers cooled from the top and bottom. Fig. 8 shows good agreement of the ECM simulation 
and experimental transient temperature profile. Also, as it is shown in Fig. 9, the ECM simulation well 
predicts temperature profiles of fluid layers cooled from the top and bottom.  

The CFD simulation method, in the one hand is a good tool for prediction of flow thermal hydraulics, on 
the other hand provides data for validation of developed simplified models. Fig. 10 shows predicted by the 
CFD and ECM heat flux distributions along the CRGT of a unit volume. The profiles are well agreed. It is 
worth noting that the ECM allows large time steps, compared to those of the CFD simulation. More 
importantly, the ECM effectiveness is obtained by the much lower number of iterations needed to achieve 
solution convergence in each time step. So the ECM (and PECM also) simulation is 100-200 times faster 
than the CFD simulation. The ECM simulation does not require a fine grid.  
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Fig. 9: Temperature profiles of ECM calculations vs. Kulacki-Goldstein experimental data (Note to the 

figure: Tw is wall temperature, S is the heat source, L is the thickness of fluid layer, alpha is α). 
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Fig. 10: Heat flux distributions along the tube wall (Unit volume CFD and ECM simulations). 
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For the PECM tool validation, the SIMECO experiment which was performed at KTH, NPS (Sehgal et al., 
1998), and the LIVE-L1 experiment which was recently performed at FZK, Germany (Miassoedov et al., 
2007) are used. 

The SIMECO experiments were conducted in a slice-type facility as shown in Fig. 11. Both eutectic and 
non-eutectic binary salt mixtures of KNO3-NaNO3 were used. The PECM is validated against the 
experiment with a eutectic mixture (SSEu-10).  

 
Fig. 11: SIMECO experiment, temperature contour (in K, middle plane). 

The following boundary conditions were implemented: the pool top surface is cooled by heat exchangers 
so isothermal boundary condition is used; the angular brass surface is cooled by water coming from the 
lower part, so convection heat transfer boundary condition is applied; the back wall is insulated, and the 
front wall is made of a special glass for visualization so a small heat flux of about 10-20 W/m2 is applied 
for this wall. The initial temperature is 300K. 

Good agreement of the PECM simulation results and the experimental data was obtained: the vertical 
temperature profiles are shown in Fig. 12 and the vessel wall heat flux distributions in Fig. 13. 
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Fig. 12: Temperature profile along the pool centerline: PECM vs. experiment. 

Slightly higher temperature and heat flux are observed in the PECM simulation compared with the 
experiment in the lower region of the pool. The PECM predicted temperature profile is more flat 
compared with the experiment, resulting in higher temperature in the lower region that causes a thinner 
crust, as a result the heat flux is increased. A larger experimental crust thickness of the lower region may 
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be explained by two other probable reasons: more cold liquid is accumulated in this region from all the 
upper inclined surfaces of the crust, or the effect of non-uniformed heated volume of the experiment 
(electrically heated) compared with the uniformly heated volume of the PECM simulation that causes an 
accumulation of cold liquid to be solidified in this region. The possible effect of accumulation of cold 
liquid in the lower region is difficult to be reflected in a simplified model. Also, the heat loss during the 
experiment may contribute an additional deviation to the data. 
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Fig. 13: Vessel wall heat flux distribution (PECM vs. experiment). 

The LIVE-L1 experiment was performed in a stainless steel semispherical plenum with a radius of 0.4966 
m. The simulant used is non-eutectic mixture of KNO3 and NaNO3 (80%-20%). The purpose of the 
experiment is to investigate the core melt behavior in the vessel with outside cooling. At the beginning, 
the melt of 350 oC is poured into the plenum which is cooled outside by the air. The electrical heating 
system heats up the melt to higher temperature for 2 hours, afterward steel vessel cooling by a water flow 
is initiated. The electrical power input into the melt was changed during the experiment and the crust 
thickness was measured for a steady state condition. 

Non-eutectic Mixture 
NaNO3-KNO3 (20% - 80%) 
Pool

Experimental Crust

PECM predicted Crust

Vessel  
(Stainless Steel)

 
Fig. 14: PECM prediction of crust thickness (LIVE – L1 experiment, FZK). 
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The PECM well captures the pool behavior. Fig. 14 shows the crust thickness of the experiment, together 
with crust thickness predicted by the PECM. As it is shown, the PECM result is reasonably well agreed 
with the experiment. Crust thickness of the PECM simulation in the lower region is thinner compared with 
the experimental (58.97 mm vs. 70.67 mm in the lowermost region) that can be explained as previously 
for the SIMECO experiment simulation. This difference seems to be insignificant compared with the 
possible experimental uncertainty which is related to the heat loss from the melt pool top surface. In 
addition, the other possible reason leading to the crust thickness difference is the different heating power 
distribution to the six layers of the melt pool. In the upper region of the melt pool, due to a high peaked 
heat flux of the boundary layer model implemented in the PECM, crust is not formed. 

The results of simulations show that the PECM is a suitable, efficient tool for prediction of melt pool heat 
transfer. In the next Section, the PECM tool is applied to BWR configuration melt pool simulations. 

4. ANALYSIS OF SEVERE ACCIDENT PROGRESSION IN A BWR LOWER PLENUM 
Applications of the ECM and PECM to simulations of melt pool formation heat transfer in a BWR lower 
plenum were reported by Tran and Dinh (2007, 2008). Here we present an example of PECM application 
to analysis of the corium Prandtl number effect discussed in Section 2 on accident progression. 

      
Fig. 15: Melt pool formation and crust (The left is the PECM with a correlation-based downward heat 

flux; the right is the PECM with an enhanced peaking downward heat flux). 

Considering a 0.7 m height unit volume connected below with the vessel wall, the PECM tool is used for 
two cases: a case with a normal downward heat flux (correlation-based only) and a case with a locally 
enhanced downward heat flux. Assuming the core melt pool is homogeneous and the decay heat is 
1MW/m3, Rayleigh number of such a melt pool in the ABB-Atom reactor lower plenum (diameter of 3 m) 
reaches 2x1014. To evaluate the possibility of vessel failure under thermal loading, we can accept the 
thermal creep limit temperature of 1000 oC, based on the report of Rempe et al. (1993). 

The top surface of the debris bed and CRGTs are cooled by water, the interface of the debris bed and 
vessel wall is coupled, in reality, the external surface of the vessel wall is insulated, so a small heat flux 
(about 20W/m2) is allowed. Due to presence of small gaps in-between the CRGT walls and the vessel 
wall, this interface is applied to radiation or air conduction heat transfer. The other surfaces are applied 
either to adiabatic or symmetrical boundary conditions. Simulations are initiated with a dry-out condition 
of the debris bed (cake), the initiation bed temperature is about 450K. 
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Fig. 15 and 16 show the melt pool and crust in the lower plenum in connection with CRGTs, and the 
temperature contour. The locally enhanced downward heat flux causes a thinner crust between the melt 
pool and the vessel wall, especially in the places close to CRGTs. However, the heat flux is not high 
enough to ablate all crust covering the vessel wall. The vessel wall’s temperature is additionally increased 
compared with the correlation-based downward heat flux case. The plot of the maximum vessel wall outer 
surface temperature shows a slight increase of 80-90 oC for the case with a locally enhanced downward 
heat flux (Fig. 17). Although the temperature increase acts to accelerate vessel failure due to thermal 
creep, the effect of low fluid Pr number is not as strong as we previously supposed. 

      
Fig. 16: Temperature contours in K of the pool and vessel wall (The left is the PECM with a correlation-

based downward heat flux; the right is the PECM with an enhanced peaking downward heat flux). 
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Fig. 17: Effect of low Prandtl number on vessel wall temperature evolution (Unit volume simulation). 

The increase of vessel temperature is assumed to be insignificant compared with other uncertainties such 
as mass of the molten pool and chemical compositions. However, the significance of the additional 
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temperature increase is envisioned as it is related to the two safety-relevant reasons. The first, for a melt 
pool of 0.7 m depth, the steady state temperature of the vessel wall already reaches the thermal creep limit. 
An additional increase in temperature will make the vessel wall more sensitive to the creep rapture. The 
second reason is that this increase in temperature is a local effect, which may result in changing of the 
lower head vessel failure mode (e.g. the failure position). In turn, this change results in different 
discharged melt mass and flow rate which significantly affects the ex-vessel accident progression. 

5. CONCLUDING REMARKS 
An approach for effective application of CFD to a BWR safety problem has been presented. The CFD is 
used to examine separate-effect phenomena as well as to provide data, supporting the development and 
validation of a simplified model, called the Effective Convectivity Model (ECM). The ECM and its 
extension, Phase-change ECM (PECM) are implemented in the Fluent code and validated against 
experimental and CFD simulation data. The developed model is found to be sufficiently accurate and 
computationally efficient for simulations of transient processes of melt pool formation in the BWR lower 
plenum's complex geometry during a hypothetical severe accident. 

Most interestingly, the CFD simulations for oxidic corium melts exhibit a locally enhanced downward 
heat flux in the region around the CRGT. The effect is attributed to the corium's Prandtl number. The 
locally enhanced downward heat flux implemented in the PECM shows a minor additional heatup of the 
BWR vessel wall. The temperature increase may accelerate vessel failure. Additional simulations and 
analyses are needed to clarify the creep acceleration and the change of the vessel failure position. 

6. NOMENCLATURE 
 Arabic u Fluid velocity, m/s 
Cp Specific heat capacity, J/(kg.K) W Width of a volume, m 

Fo Fourier number,
2H

tFo α×
=  y Local vertical coordinate, m 

g Gravitational acceleration, m/s2  Greek 
H Height of a volume or fluid layer, depth of a 

melt pool, m 
α Thermal diffusivity, m2/s, 

pC
k
.ρ

α =  

k Thermal conductivity, W/(m.K) β Thermal expansion coefficient, 1/K 

L Latent heat of the phase change, J/kg ∆H Latent heat, J/kg 

Nu Nusselt number, 
Tk

qHNu
Δ

=  ∆T Temperature difference, K 

Pr Prandtl number, αν /Pr =  ∆Z Grid cell size, m 

q Heat flux, W/m2 ρ Density, kg/m3 

Qv Volumetric heat source, W/m3 ν Kinematics viscosity, m2/s 
 
Ra Rayleigh number (internal),  

να
β

k
HQg

Ra poolv
5

=  
  

Subscripts and superscripts 
 

Ray Local Rayleigh number, 
να
β 3TygRa y
Δ

=   
down 

 
Downward 

Sc Source term, W/m3 pool Pool 

t Time, s side Sideward 

T Temperature, K up Upward 

U Characteristic velocity, m/s x, y, z Coordinate axis directions 



 15

7. REFERENCES 
J. P. Boris, F. F. Grinstein, E. S. Oran and R. L. Kolbe, “New Insights into Large Eddy Simulation”, J. 

Fluid Dynamics Research, Vol. 10, pp. 199-228, 1992. 

V. A. Bui and T. N. Dinh, “Modeling of Heat Transfer in Heated-Generating Liquid Pools by an Effective 
Diffusivity-Convectivity Approach”, Proceedings of 2nd European Thermal-Sciences Conference, 
Rome, Italy, pp. 1365-1372, 1996. 

T. C. Chawla and S. H. Chan, “Heat Transfer From Vertical/Inclined Boundaries of Heat-Generating 
Boiling Pools”, J. of Heat Transfer, Vol. 104, pp. 465-473, 1982. 

F. B. Cheung et al., “Modeling of Heat Transfer in A Horizontal Heat-Generating Layer by An Effective 
Diffusivity Approach”. ASME HTD-Vol. 192, pp. 55-62, 1992. 

T. N. Dinh and R. R. Nourgaliev, “Turbulence Modeling for Large Volumetrically Heated Liquid Pools”, 
Journal of  Nuclear Engineering and Design, Vol. 169, pp. 131-150, 1997. 

T. N. Dinh, R. R. Nourgaliev, and B. R. Sehgal, "On Heat Transfer Characteristics of Real and Simulant 
Melt Pool Experiments", Journal of Nuclear Engineering and Design, Vol. 169, pp. 151-164, 1997. 

L. A. Dombrovskii, L. I. Zaichik, and Yu. A. Zeigarnik, “Numerical Simulation of The Stratified-Corium 
Temperature Field and Melting of The Reactor Vessel for A Severe Accident in A Nuclear Power 
Station”, Thermal Engineering, Vol. 45, No.9, pp. 755-765, 1998. 

R. O. Gauntt et al., “MELCOR Computer Code Manual, Core (COR) Package Reference Manuals”, 
NUREG/CR-6119, Vol. 2, Rev.2, Version 1.8.6, , September 2005. 

G. Grotzback, M. Worner, “Direct Numerical and Large Eddy Simulations in Nuclear Applications”, 
International Journal of Heat and Fluid Flow, Vol. 20, pp.222-240, 1999. 

F. A. Kulacki and A. A. Emara, “Steady and Transient Thermal Convection in a Fluid Layer with Uniform 
Volumetric Energy Sources”, J. Fluid Mech., Vol. 83, part 2, pp. 375-395, 1977. 

F. A. Kulacki and R.J. Goldstein, “Thermal Convection in a Horizontal Fluid Layer with Uniform 
Volumetric Energy Sources”, J. Fluid Mech. Vol. 55, part 2, pp. 271-287 (1972). 

“MAAP4 Users Manual”, Fauske Associated Inc., Vol. 2, 1999. 

A. Miassoedov, T. Cron, J. Fiot, S. Schmidt-Stiefel, T. Wenz, I. Ivanov, D. Popov, “Results of the LIVE-
L1 Experiment on Melt Behavior in RPV Lower Head Performed within the LACOMERA Project at 
the Forschungszentrum Karlsruhe”, Proceedings of 15th International Conference on Nuclear 
Engineering Nagoya (ICONE), Japan, April 22-26, 2007. 

R. R. Nourgaliev, T.N. Dinh and B.R. Sehgal, “Effect of Fluid Prandtl Number on Heat Transfer 
Characteristics in Internally Heated Liquid Pools with Rayleigh Numbers up to 1012”, Journal of 
Nuclear Engineering and Design, Vol. 169, pp. 165-184 (1997). 

R. R. Nourgaliev, T. N. Dinh, and B. R. Sehgal, “Simulation an Analysis of Transient Cooldown Natural 
Convection Experiments”, Journal of Nuclear Engineering and Design, Vol. 178, pp.13-27, 1997. 

R. R. Nourgaliev and T. N. Dinh, “An Investigation of Turbulence Characteristics in an Internally-Heated 
Unstably-Stratified Fluid Layer”, Journal of Nuclear Engineering and Design, Vol. 178, pp.235-258, 
1997. 

H. Park, V. Dhir, “Effect of Outside Cooling on the Thermal Behavior of a Pressurized Water Reactor 
Vessel Lower Head”, J. of Nuclear Technology, Vol. 100, pp. 331-346, December 1992. 



 16

J. L. Rempe, S. A. Chavez, G. L. Thinnes, C. M. Allison, G. E. Korth, R. J. Witt, J. J. Sienicki, S. K. 
Wang, L. A. Stickler, C. H. Heath, S. D. Snow, “Light Water Reactor Lower Head Failure Analysis”, 
NUREG/CR-5642, EGG-2618, Idaho National Engineering Laboratory, USA, 1993. 

SCDAP/RELAP5-3D Code Development Team, “SCDAP/RELAP5-3D© Code Manual”, Report 
INEEL/EXT-02-00589, Revision 2.2, Idaho National Engineering and Environmental Laboratory, 
October 2003.  

B. R. Sehgal, V. A. Bui, T. N. Dinh, J. A. Green, G. Kolb, “SIMECO Experiments on In-Vessel Melt Pool 
Formation and Heat Transfer with and without a Metallic Layer”, Proceedings of In-Vessel Core 
Debris Retention and Coolability Workshop, Garching, Germany, March 3-6, pp. 205-213, 1998. 

B. R. Sehgal, V. A. Bui, T. N. Dinh and R. R. Nourgaliev, “Heat Transfer Process in Reactor Vessel 
Lower Plenum during A Late Phase of In-Vessel Core Melt Progression”, J. Advances in Nuclear 
Science and Technology, Plenum Publ. Corp., 1998. 

U. Steinberner and H. H. Reineke, “Turbulent Buoyancy Convection Heat Transfer with Internal Heat 
Sources”. Proceedings of the 6th Int. Heat Transfer Conference, Toronto, Canada, Vol.2, pp. 305-310 
(1978). 

C. T. Tran, T. N. Dinh, “An Effective Convectivity Model for Simulation of In-Vessel Core Melt 
Progression in Boiling Water Reactor”, 2007 International Congress on Advances in Nuclear 
Power Plants (ICAPP 2007), Nice Acropolis, France, May 13-18, 2007. 

C. T. Tran and T. N. Dinh, “Simulation of Core Melt Pool Formation in a Reactor Pressure Vessel 
Lower Head Using an Effective Convectivity Model”, Proceedings, International Topical Meeting on 
Nuclear Reactor Thermal Hydraulics – NURETH-12, Pittsburgh, Pennsylvania, USA, September 30 – 
October 04, 2007. 

C. T. Tran and T. N. Dinh, “Application of the Phase-change Effective Convectivity Model to Analysis 
of Core Melt Pool Formation and Heat Transfer in a BWR Lower Head”, Transactions of ANS 2008 
Annual Meeting, Anaheim, California, USA, June 8-12, 2008. 

H.-G. Willschuetz, E. Altstadt, B. R. Sehgal, F.-P. Weiss, “Recursively Coupled Thermal and Mechanical 
FEM - Analysis of Lower Plenum Creep Failure Experiments”, Annals of Nuclear Energy, Vol. 33, 
pp. 126-148, 2006. 



 - 1 - 

DEBRIS TRANSPORT ANALYSIS RELATED WITH GSI-191 IN ADVANCED 
PRESSURIZED WATER REACTOR EQUIPPED WITH INCONTAINMENT REFUELING 

WATER STORAGE TANK 
 

Jeong Ik Lee1, Soon Joon Hong1*, Jonguk Kim1, Byung Chul Lee1, 
Young Seok Bang2, Deog Yeon Oh2, and Byung Gil Huh2 

 
1*FNC Tech. Co. Ltd., 

SNU 135-308, San 56-1, Shinrim 9-Dong, Kwanak-Gu, Seoul, 151-742, S. Korea 
Tel: +82-2-872-6084, Fax: +82-2-872-6084, Email: sjhong90@fnctech.com 

2Korea Institute of Nuclear Safety, 
19 Gusung-Dong, Yuseong-Gu, Daejeon, Korea, 305-755 

 
 
Abstract  
A recirculation sump blockage issue is an important and urgent problem to be resolved for ensuring 
nuclear power plant safety. Through a series of intensive resolution activities, a new regulatory guide 
and an evaluation methodology were proposed. However, these were restricted to a conventional 
pressurized water reactors (PWRs), and the applicability of these methodologies to a new type or 
advanced PWR has not been fully addressed. In this paper the applicability of suggested 
methodologies to a Korean advanced nuclear power plant, which is different from other PWR due to 
an In-containment Refueling Water Storage Tank (IRWST), is discussed. The scheme for obtaining a 
solution by using Computational Fluid Dynamic (CFD) is introduced. The CFD was applied to 
correctly simulate free surface flow. Related mathematical models and numerical analyses are 
explained in detail. 

1.   INTRODUCTION 
In 2003, USNRC (United State Nuclear Regulatory Committee) revised Regulatory Guide 1.82 (RG. 
1.82) to revision 3, and in 2004 issued generic Letter 2004-02 for PWRs (Pressurized Water Reactors) 
(USNRC, 2003, 2004a). These USNRC’s regulatory actions via several intensive researches made the 
sump blockage issue an important safety problem. As a response to these USNRC’s activities, NEI 04-
07 was developed in order to evaluate the post-accident performance of a pressurized water reactor’s 
(PWR’s) recirculation sump, and has been used as a standard methodology (NEI, 2004).  NEI 04-07 
methodology is composed of break selection, debris generation, latent debris, debris transport, and 
estimating head losses. The debris transport is evaluated through blowdown transport, washdown 
transport, pool fillup transport, and recirculation transport. Such a debris transport evaluation 
methodology is suitable to PWR which is equipped with Refueling Water Storage Tank (RWST ) 
outside the containment. 

Some advanced reactors, such as APR1400 (Advanced Power Reactor 1400 MWe), are equipped with 
In-containment Refueling Water Storage Tank (IRWST) instead of RWST for more reliable 
emergency core cooling (ECC) water supply. However, such a design feature results in a different 
break flow behaviour inside a containment compared to conventional PWRs. This is because IRWST, 
as the acronym implies, changes the ECC water injection sequence. In other words, since the RWST is 
situated inside the containment, no process is required to switch water source from RWST to 
recirculation sump. Therefore, the water source for ECC is always IRWST while conventional PWRs, 
which current methodology is based on, switches from RWST to recirculation sump. This fact based 
observation made us to review the applicability of NEI 04-07’s methodology to APR1400.  

In this paper we discuss the applicability of NEI 04-07’s methodology to an advanced reactor type 
with RWST inside the containment. Moreover, a new methodology is proposed and demonstrated by 
applying CFD analysis. Finally, a rough debris transport estimation is presented based on the analysis 
result. The reference plant is APR1400 which is an advanced PWR developed by Korean nuclear 
industry. APR1400 incorporates several improved safety features, and one of the key features is an 
adoption of IRWST mentioned above and important to address the sump blockage issue. 
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(a) Vertical View 
 

 

(b) Plane View 

Fig. 1:  Components on Containment Floor and Secondary Shield Wall Passages 

 

2. REVIEW OF REFERENCE PLANT DESIGN AND DEBRIS MOVEMENT 
As it is already mentioned in the previous section, APR1400 has different features from conventional 
PWRs, which it has IRWST instead of RWST and recirculation sump. Thus, the water source for long 
term cooling is solely IRWST, and there is no switching process from RWST to recirculation sump. 
The configuration of IRWST and other partial components, which consist APR1400, is shown in Fig.1 
(a) and (b). It is noted that the red circles on Fig.1 (b) is to highlight the secondary shield wall passage, 
which connects the interior and the exterior of secondary shield wall. These three passages can be 
viewed as break water passage also during LOCA (Loss of Coolant Accident).  
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In case of LOCA the water from a break splashes down to the floor, and some portion of water is 
directed to bottom floor. Since HVT (Holdup Volume Tank) is located below (See Fig.1 (a)) the 
bottom floor, the break water drains to HVT through four trenches. And the water is finally collected 
in IRWST via spillways. The water in IRWST is provided to RCS (Reactor Coolant System) by ECC 
pumps.  Debris is expected to move together with redistributing break flow. 

During earlier phase of the accident the break flow will sweep out and spread wide on the bottom floor. 
The debris which is located in high velocity region will be transported to HVT. When the water level 
in HVT reaches the spillway, the water will flood to IRWST, and some debris will be also transported 
to IRWST. It is very difficult to evaluate how much debris will enter the spillway, because the flow 
patter in HVT is a complex phenomenon and the relation of water and debris behavior is not clearly 
understood yet. Since ECC pumps and containment spray pumps operate and inflow from/through 
spillways exists, steady flow field is formed in IRWST. Thus, some debris will move to the suction 
part of pumps.  

From the design features and an observation of flow behaviours, it is safe to suggest that some debris 
will be transported to IRWST during the initial phase of accident. This means some revision of NEI 
04-07 method is required to apply the method to APR1400 case, since the method does not consider 
these effects due to different design. To evaluate debris transport in early phase of the accident, a free 
surface computational fluid dynamics (CFD) calculation is initially required to understand the water 
redistribution process. Current CFD skill can calculate a free surface flow using simple but robust 
numerical schemes, such as VOF (Volume Of Fluid) model. In this paper, the break flow from the 
initial release is modeled, and the redistribution of water on the floor is simulated. By utilizing 
calculated velocity profiles, debris transport fraction can be evaluated. 

3 NUMERICAL ANALYSIS MEHODOLOGY 
3.1 Description of Adopted Physical Models 
Two major transport equations are solved in order to simulate a flow distribution over a containment 
floor. One is the continuity equation (1) and the other is the momentum conservation equation (2). 
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In addition to the equation set presented here, transport equations for turbulence have to be solved 
simultaneously. Turbulence is a chaotic motion but not a totally random motion so that statistical 
description is possible. Even though the true solution to the momentum equation given above is 
expected to describe the nature of turbulence successfully, it is widely accepted that the true solution is 
nearly impossible to obtain for general conditions at current level of understanding. Furthermore, 
Direct Numerical Simulation (DNS), a recent numerical scheme developed for solving the momentum 
equation directly without an aid from any empirical model, requires heavy computing resources to 
obtain approximate solution even with a cutting edge computational technology. Thus, an easy 
approximation to true turbulent motion is essential to solve an engineering problem such as ours.  

One of the most widely applied approximation methodologies to describe true turbulent motion is 
Reynolds averaging scheme. By applying this scheme and Boussinesq’s approximation the momentum 
equation presented in eq. (2) can be transformed to eq.(3)  
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To close equation (3) we require physical model for turbulent viscosity ( tµ ) and turbulent kinetic 
energy ( k ). For our particular problem, RNG (Renormalized Group) k-ε is used. The reason why this 
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model was chosen for the calculation is because the model was used in NEI 04-07 SER, and it is also 
recommended in the other report (USNRC, 2004b). RNG k-ε is a model that has all the features of the 
standard k-ε model with added terms to describe swirl, buoyancy and compressible nature of a fluid 
flow. These supplemented terms enable RNG k-ε model to simulate radically strained flow and flow 
over a curved surface better than the standard k-ε model, which is necessary features to gain more 
accuracy of our solution.   

In addition to the turbulent model, a two-phase model has to be considered too. This is because 
physical mechanism of how the break flow redistributes on top of the containment floor surface is 
equivalent to tracking a boundary surface between air and water, which interaction between air and 
water needs to be considered simultaneously. The model adopted here is VOF model. This model is 
one of the simplest two phase model and it also recommended for treating free surface flow problem 
such as ours. It hypothesizes that multiple phases in the system can be viewed as one fluid mixture so 
no additional momentum or energy equation has to be solved. Therefore, only continuity equation for 
each component or phases is satisfied in the problem domain, and other physical properties are based 
on the mixture at a certain time and geometrical point. Hypothesis of VOF model shows satisfying 
performance for stratified flow, free-surface flow (such as our case), filling, sloshing, large bubbles in 
liquid flow, jet breakup, steady or unsteady tracking of gas-liquid boundary surface etc. For the 
surface reconstruction, the Euler explicit method was chosen over other surface tracking schemes, 
since it is based on the simplified physical model of how volume fraction of a cell transports to the 
other cell rather than calculating the surface by a pure mathematical treatment.  

3.2 Determining Problem Domain and Boundary Conditions 

In the previous section, geometrical characteristics of the containment interior of the reference plant 
were reviewed and developed flow passages during a situation when reactor coolant flows into the 
containment, such as LOCA, were identified. To successfully model the problem, the domain of our 
interest is specified and computational space is constructed in this subsection.  

The containment floor can be divided into three regions.  

 Region 1: Inside the Primary Shield Wall 

 Region 2: Between the Primary Shield Wall Exterior and Secondary Shield Wall Interior 

 Region 3: Between the Secondary Shield Wall Exterior and Containment Outer Wall Interior 

Region 1 is where the reactor core is located and the floor of Region 1 is completely isolated from free 
space in the containment. Thus, this region does not coincide with our interest. Region 2 and Region 3 
are divided by the secondary shield wall. Two regions are interconnected through narrow passage 
ways indicated as circles in Fig. 1. Initial break flow collides with the containment floor with a high 
velocity and spreads out over the secondary shield wall. Since the interconnecting passages are narrow, 
it is expected that only a small fraction of water will be relocated to Region 3 during our calculation, 
which is less than 10sec. Also, since Region 3 covers large area and water moves into Region 3 is not 
going to flow with a high velocity, including Region 3 to our problem domain will end up costing 
large computing resources without gaining any new insight. Therefore, only Region 2 is set as our 
problem domain and this is predicted to be more conservative than including Region 2 and 3 together 
in the viewpoint of debris transport, since higher flow velocity is expected during the calculation.  

Height from the containment floor is determined to minimize computing resource and maximize 
accuracy and conservatism of the calculation. Since water that flows through the break will hit the 
ground floor and splash back or crawl over the wall, it is imperative to set the height near the break 
region precisely to simulate water that is not participating on water level rising on the floor but falls 
down later from upper structures like hot leg, cold leg, grating and other pipelines. However, the 
height that is far from the break region has less significance for determining the water distribution on 
the floor since the effect, which occurs near the break region, does not play a major role here. 
Therefore, the height far from the break region is lower than the height near the break region, and this 
is shown in Fig. 2. Other structures considered inside the problem domain is foundations for a steam 
generator and reactor coolant pumps. The geometry modelled into CAD program is based on the 
Preliminary Safety Analysis Report (PSAR) of the reference plant. 
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Fig. 2: Isometric View of Problem Domain 
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Fig. 3: Velocity of the Break Flow vs. Time 

 

Imposed boundary conditions are one flow velocity inlet condition (the break) and four pressure outlet 
conditions, which simulate four trenches that connects ground floor of the containment to the Holdup 
Volume Tank (HVT) located at lower level as shown in Fig.1. It is noted that HVT is not considered 
as a part of the problem since we are only interested in how initial phase of LOCA generated break 
flow redistributes on the containment floor. For setting the break flow condition, water at room 
temperature and pressure is used. The amount of water entering into the domain is calculated from the 
PSAR (Preliminary Safety Analysis Report) mass release table and assuming isentropic process for 
vaporization to calculate liquid water mass only. The assumption of isentropic process actually leads 
to a smaller generation of vapor phase and since more liquid water means more debris transport to 
HVT, the assumption is fairly conservative. Velocity of the break flow is determined from the liquid 
water mass flow rate calculated above and the density of water at room condition. This is represented 
in Fig.3 as a line with squares. However, violent release of water at the beginning phase of LOCA is 
predicted to hinder the convergence of the calculation, average value over a unit second is used in the 
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analysis instead. The modeled value is shown in Fig.3 as a solid line. It is clearly shown that the total 
amount of water entering the containment is same between a value calculated from PSAR and the 
model, and the total amount of water is more important than the velocity of the water for determining 
the water level in the containment and the debris transport. This is because the tumbling velocity 
defined as the velocity for debris to be transported is very low (0.1 ft/sec), which means as long as the 
fluid velocity is above the tumbling velocity the debris will be moved. As it will be presented in the 
next section, the fluid velocity of an area covered with break water is always higher than the tumbling 
velocity during the initial phase, the containment floor area fraction covered by water is more 
important than the liquid velocity. The containment is initially assumed to be completely filled with air 
at room condition.  

3.3 Procedures for Obtaining Numerical Solution 

Throughout the process of obtaining numerical solution, commercial CFD code, FLUENT 6.3 is used. 
Fig. 4 shows meshed domain by GAMBIT 2.0. 1,357,576 hexahedral cells and 3,981,536 quadrilateral 
interior faces exist in the domain and it is consisted of 1,449,929 nodes.  

 
Fig. 4: Isometric View of Meshed Domain 

   
(a) Magnified View of Break Flow Area                          (b) Magnified View of Floor Area 

Fig. 5: Close View of Meshed Domain 
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0.0sec:   Velocity Field     Liquid Water Fraction 

 
2.0sec:   Velocity Field     Liquid Water Fraction 

 
4.0sec:   Velocity Field     Liquid Water Fraction 

 
5.95sec:  Velocity Field     Liquid Water Fraction 

 
Fig. 6: Velocity Field and Water Fraction at a Surface 1cm above the Floor 
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Fig. 5 shows magnified views near the break area and the floor. Since the break flow is modelled as 
water falling down from the top to the bottom, water column is going to be created from the break to 
the floor. Thus, fine meshes are required from the break to the floor where water column is created to 
capture the boundary surface between air and water and to minimize over diffusion of information due 
to large mesh size near the boundary. The break area is twice the cold leg pipeline flow area, since 
water releases from both side of the break. Furthermore, boundary layer meshes were utilized for 
meshing near the floor to accurately model generated turbulence from the floor fluid interaction.  

First order upwind scheme is used for discretizing partial differential. Even though the lower order 
descritization can induce some numerical diffusion, the preliminary analysis result showed that the 
numerical diffusion was not that significant. For instance, the time for break water to collide with the 
floor was estimated to be around 0.2 sec, and the calculation result also showed similar result. 
Therefore, it was concluded that lower order descritization was fair enough for the calculation. 
Upwind implies that the convection term calculated at the cell interface is derived from the upstream 
cell average value. For coupling velocity and pressure to satisfy mass conservation and obtaining 
pressure field, SIMPLE algorithm is used. SIMPLE algorithm adds a pressure correction term to the 
flux at a cell interface. This is necessary measure since both air and water are considered as an 
incompressible fluid. In other words, since the fluids’ density is not a function of pressure, a 
modification to the original equation is necessary to obtain pressure field while satisfying mass 
conservation. PRESTO (PREssure STaggering Option) is used for pressure interpolation. The 
PRESTO scheme uses the discrete continuity balance for a “staggered" control volume about the face 
to compute the face pressure. For flows with high swirl numbers, high-Rayleigh-number natural 
convection, high speed rotating flows, flows involving porous media, and flows in strongly curved 
domains, the PRESTO scheme is preferred over other pressure interpolation scheme. These options 
and numerical schemes can be found in more detail in FLUENT 6.3 manual. 

First order implicit time integration was chosen for the time discretization. Implicit scheme has an 
advantage compared to explicit scheme for its good stability. Since implicit scheme was chosen for the 
time integration, iteration was done for each time step until it converges. The time step was set to 
0.0005 sec and convergence criteria was set to less than 0.001 for all residuals of discretized equations. 
Calculation was performed for 5.95 sec in problem time. The result was obtained from supercomputer 
and 8 processors were utilized for the calculation.  

4. RESULTS AND DISCUSSION 
4.1 Results 
Fig. 6 shows the calculation result of velocity field and water fraction at a surface 1 cm above the floor 
for every two seconds. It is noted that velocity field is for the mixture. Since the two phase model we 
have selected is VOF model, there is no velocity difference between water and air.  The figure shows 
how the break flow initially distributes itself over the containment floor sequentially. Next, the 
analysis for setting upper and lower bounds of debris transport to HVT will be presented by utilizing 
the CFD analysis result. However, it should be emphasized that these bounds are rough estimates for 
debris transport, and more detailed analysis is being carried out.  

4.2 Estimation of Debris Transport Fraction 
Method  1:  

This method follows NEI 04-07’s with additional conservatism. The decision of debris transport is 
dependent on the local velocity. If the velocity is higher than the tumbling velocity of specific debris, 
the debris is assumed to transport. 

Mixture velocity at a surface 1cm above the floor which is higher than the minimum velocity required 
for moving debris 0.03 m/s (tumbling velocity) covers about 100% of the floor. This can be interpreted 
that upper bound for fibrous debris transporting to HVT, which falls into fine and small category, is 
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100%.  In other words, all the small and fine fibrous debris generated by LOCA will be relocated to 
HVT.  

 

(a) 0 sec     (b) 0-1 sec 

 

(c) 1-2 sec     (d) 2-3 sec 

 

(e) 3-5 sec     (f) after 5sec 

Fig. 7: Debris Transport during Liquid Water Redistribution 
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Method 2: 

This method is one that debris transport is decided by flow pattern in each quadrant rather than local 
velocity. As it was already mentioned in method 1, after the break flow hits the ground and 
redistributes over the floor the velocity of the flow is mostly higher than the minimum tumbling 
velocity. Thus, by analyzing how water distributes during 6 seconds can provide an insight for amount 
of debris relocated to HVT during 6 seconds of flow formation. The analysis is demonstrated in Fig. 7.  

First the floor of the reference plant is divided into quadrants (refer to Fig. 7). This is a basis for 
tracking debris moving from one area to the other area. When LOCA is initiated, we can hypothesize 
that the LOCA generated debris is uniformly distributed among the first and second quadrants (Fig. 7 
(a)) because the break is between the first and second quadrants. In Fig. 7 (b) the flow breaks into two 
streams by a collision of the flow with the secondary shield wall. Hence, a stream that started out from 
the first quadrant divides into two streams that flows to the second and the fourth quadrants and the 
same flow split occurs for the stream that begun at the second quadrants. Each flow split is simply 
assumed to carry 25% of debris. This assumption is very rough but necessary since the interaction 
between debris and water flow is not clearly characterized yet as it was stated in the previous section. 
During the analysis any flow split is viewed as a uniform split of debris among the branch streams for 
simplification. Since, the streams that flows from the first to fourth quadrant passes three trenches, it is 
assumed that 25% of debris is lost to HVT. The same process occurs through Fig. 7 (c) through (e). 
And finally after quasi-steady state is achieved (Fig. 7 (f)) around 70% of debris is relocated to HVT 
and 30% of debris is left on the floor and moves along with the quasi-steady flow created on the top of 
the floor.  

5. Conclusions 
A review of the applicability of NEI 04-07 method to a Korean advanced reactor, APR1400, which the 
major design difference from a convectional reactor is having IRWST instead of RWST and a 
recirculation sump, was performed. The NEI methodology is revised by considering debris transport 
during the early phase of LOCA, which was not part of the methodology previously due to different 
reference reactor type. The necessity of considering debris transport during the early phase of accident 
was verified by CFD free surface flow analysis, since it was found that major portion of generated 
debris has a potential to be transported and relocated to other locations than the containment floor. 
Upper bound for debris transport during the first 6 sec of LOCA can be viewed as 100% and the lower 
bound is around 70%. Even though these values carry some uncertainties due to the analysis method 
and many hypothesized assumptions, the numbers still suggest that during the initial phase of LOCA, 
significant amount of debris will be transported to HVT. Thus, it is not safe to ignore the amount of 
debris transport at the initial phase of LOCA in PWR which is equipped with IRWST by simply 
applying NEI 04-07 method without revision. As future work, the problem domain will be extended to 
include HVT and spillway for more information how flow will behave during an accident, and a 
system code that can treat free surface flow will be utilized to compare the result to CFD analysis.  
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Abstract 

Three-dimensional thermal-hydraulic models based on CFD methods are made adequate to the real 

conditions by selection of appropriate physical models, nodalisation and numerical techniques as well 

as by comparison with experimental data directly related to the phenomenon/process under 

investigation. Such experimental data are, e.g., the global characteristics of a device in question 

(circulation circuit component) or the local and global characteristics of a close analogue. For some 

components of the circulation circuit (more than 60 specimens) experimental data were obtained on 

flashing of subcooled and saturated water as well as on critical flow at pressures up to 9.3 MPa. 

The global characteristics found for each of the tested specimens included: pressure difference and 

flow rates under single-phase conditions, and critical flow rates as a function of inlet subcooling and 

pressure. Besides, the distribution of static pressure along the flow passage under single-phase and 

critical flow conditions and the void fraction at two sections along the passage were determined for the 

relatively long specimens. Altogether, the experimental data covered more than 5000 flow regimes of 

subcooled and flashing water as well as of mixed steam and water. No heat was supplied and steam 

was generated only due to pressure decrease in the subcooled water flow.  
 

1. INRODUCTION 
 

Like any other mathematical model of a process or phenomenon, CFD-based 3D-model of flow in 

some component needs validation / verification and subsequent adjustment with regard to the results 

obtained. 
 

Two aspects are of importance in validation/verification: it is necessary to confirm, first, the adequacy 

of modeling the typical thermal-hydraulic processes essential to generic safety analysis and, second, 

the adequacy of the 3D-model describing the object of investigation. The first objective is attained by 

special studies with sophisticated measurement systems, which are normally conducted at rather low 

coolant parameters. Restriction of the parameters depends on the measurement techniques in use, 

[Graf, 2007]. The results are then extrapolated to high coolant temperatures and pressures. This fact 

together with the user effect are the reasons why the 3D-model has to be verified at some analogue 

whose global thermal-hydraulic parameters are known already. Agreement of the modeling results 

with the global parameters of the analogue will provide sufficient confidence in adequate description 

of the object by the 3D-model. 
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Most of the previous experimental studies were not intended for validation of complex thermal-

hydraulic codes and are not classed with the “CFD grade experiments”. This is particularly true in 

regard to experiments at high coolant parameters, where measurement of local characteristics is highly 

difficult or simply impossible. However, the global and some local parameters of high-energy coolant 

may serve as a good basis for validating 3D-models of single- and two-phase flows. 

 

2. GENERAL DESCRIPTION OF EXPERIMENTAL DATA 

 

2.1 Key phenomena 

Choking of subcooled water flow, i.e. development of a critical flow, is caused by steam phase 

occurrence in the flow with the associated sharp decrease of sonic velocity in the two-phase mixture. 

Subcooled liquid in the flow boils up due to local drop of pressure below the saturation level. In other 

words, this may be regarded as cavitation arising on the surface of a solid body [Knapp, 1970]. Fig. 1 

provides schematic explanation of the cavitation – flashing of subcooled water on a solid surface 

under conditions of  flow acceleration.  

 

 

Fig. 1 Cavitation development: 

P* - full pressure, Pw – static pressure on the wall, PS – saturation pressure 

Curvilinear liquid motion is accompanied by the action of centrifugal acceleration and, hence, of a 

centrifugal force at each point of the flow. This force is directly proportional to the squared linear 

(tangential) flow velocity at the given point and is in inverse proportion to the radius of the liquid 

particle path curvature. The force acts in the direction of the radius vector, i.e. radius of curvature. As 

a result, in the region between positions 0 and 1 (Fig. 1), the centrifugal force adds to the static 

pressure on the wall Pw, acting in the direction of radius-vector r1 and pressing the flow against the 

solid surface. Within region 1-2, where the flow passes over a toroidal surface with the flow section 

area reduced, the centrifugal force acting in the direction of the radius-vector r2, reduces the liquid 

pressure on the wall. Its maximum impact occurs at position 2, where the tangential velocity – liquid 

velocity at the laminar sublayer boundary – is greatest. Starting with a certain value of the liquid 

velocity, the centrifugal force becomes strong enough to compensate the difference between the 

existing static pressure on the wall, Pw, and the saturation pressure, Рs, at the current flow temperature. 

Subsequent increase of this difference will lead to development of steam nuclei on the washed surface 

and to generation of cavitation bubbles in the flow. 

 

Clearly, two-phase versions of 3D hydrodynamic codes should allow simulating this phenomenon. 

The adequacy of such models may be checked against the results of studies described below. 
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2.2 Experimental facility  

Experiments with various hydraulic devices – small- and full-size models of circulation circuit 

components – were staged at a facility where a special coolant treatment system, comprising a steam-

water mixer and control valves, delivered fluid of strictly set parameters to the inlet of tested 

specimens. Fig. 2 is a general view of the test section with a  specimen inside it, i.e. a tube with a 

sharp inlet edge. Two pairs of flanged branches were provided to accommodate γ-ray devices. As may 

be seen, measurement of fluid density (void fraction) was only possible with sufficiently long 

specimens. The γ-ray device configuration is shown in Fig. 3. Used as a source of γ-quanta was 
170 

Tu .  

 

 

Fig. 2 Work area with a straight tube 

1- pipeline from the coolant treatment system; 2 – pulse line exits; 

3 – work area housing; 4 – tested channel; 5 – locations of γ-ray devices; 6 – extension; 7 – outlet 

pipeline. 

The experimental facility allowed varying the parameters of the fluid fed to the test section within the 

following ranges: 

− pressure, 0.15÷9.3 MPa; 

− water temperature, 104÷305 
о
С; 

− steam quality, 0÷1,0; 

− steam temperature, 110÷400 
о
С; 

− fluid flow rate, up to 23 kg/s. 

 

The outlet pressure varied from 0.08 to 9.3 MPa. 

 



  

 

Fig. 3 Gamma-ray device 

1 – ampoule with 
170

Tu; 

2, 13 – lead collimators; 

3, 14 – cooled containers; 

4, 12 – heat-insulating sleeves; 

5, 11 – electrical insulation platforms; 

6 – steel collimator; 

7, 10 – shrouds; 

8 –test section; 

9 – tested channel (specimen); 

15 – gas-discharge counter. 

 

Fig. 4 Converging nozzle (a) and Laval nozzle (b) 

 

 

 

 

 

 

 

 

 

 

 

 

2.3 Main measurements 

The rates of water and steam flows delivered to the mixer were measured by means of standard 

nozzles and orifices in pipelines of diameter 50 mm and up. Similar devices in pipelines of smaller 

diameters were individually calibrated. 

 

Pressure was measured by reference pressure gages (Class 0,1), while the flow temperature was 

determined by thermocouples with periodic checks for the saturation temperature.  



 5 

 

To determine the inlet subcooling, a special manometric device was developed and calibrated, which 

enhanced considerably the accuracy of measurements. 

 

Steam quality was measured at two sections of six tested channels by exposing the flow to a broad, flat 

γ-quantum beam. 

 

2.4 Measurement uncertainties 

Maximum uncertainties in measurements of thermal-hydraulic parameters were estimated as follows: 

− relative uncertainties 

• pressure   ± 0.1% 

• mass flow rate  ± 3.8%  

− absolute uncertainties 

• fluid temperature  ± 1.4 
о
С 

• inlet subcooling  ±0.1 
о
С 

• relative enthalpy х 

           (steam quality) 

           for х < 0.02 and х  > 1.0,  ± 0.0006 

           for 0.02 < х < 1.0,  ±  0.02 

• section-average void fraction,  ± 0.05   

 

2.5 Specimens tested 

All the tested mockup components of the circulation circuit may be divided into 5 groups of different 

geometries. The first group included straight and bent tubes with sharp inlet edge. The components 

within this group differed in their length, diameter and bend location. All in all, there were 26 

specimens. 

 

The components of the second group were converging nozzles, Laval nozzles, and Venturi tubes. The 

22 specimens of this group differed in the lengths of the cylindrical and diffusion parts as well as in 

diameters (see Figs. 4 and 5). 

 

The third group consisted of nozzles with a conical inlet, represented by 4 specimens. 

 

The fourth group included tubes with stepped variation of the flow section, z-shaped pipelines, 

pipeline branches and connections. This group had 9 specimens. One of them is shown in Fig. 6. 

 

The fifth group was represented by the isolation and control valve (ICV) of the RBMK fuel channel 

with variable opening, tested under direct and reverse flow, Fig. 7. 
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Fig. 5 Venturi tube 

 

Fig. 6 Connection of two pipelines 

 

Fig. 7  ICV flow passage. The valve is in the closed position 
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2.6 Experimental data 

All the measurement results are presented in tables, separate for each tested specimen. Table 1 is a 

fragment of such a table for the tube with a sharp inlet edge, and Table 2 refers to one of the Venturi 

tube configurations. The data of both tables relate to critical flow conditions. Fig. 8 shows the 

distribution of static pressure along one of the Venturi tube specimens, with the saturation pressure for 

each of the experiments indicated in the graph. Subcooled or saturated water was fed to the test 

section. Local pressure drop below the saturation level near the inlet section led to water flashing and 

flow choking. Steam and water mixture ran through the tested specimen, accompanied by pressure 

decrease and growth of void fraction. 

Table 1:  Tube with a sharp inlet edge 

№ Ро to xo ρw P1 P2  

40 8.76 295.3 - 0.026 30060 4.77 0.645  

41 8.78 299.3 - 0.010 27240 4.50 0.599  

42 8.75 301.3 0 25830 4.30 0.572 

 

 

Static pressure, MPa Void fraction 

z/d 0.44 2.44 12.02 13.14 27.84 29.84 30.14 30.64 14.0 28.9 

40 6.95 7.54 7.39 7.22 6.47 5.83 5.57 2.40 0.140 0.540 

41 7.27 7.68 7.34 7.15 6.21 5.58 5.27 2.15 0.330 0.700 

42 7.43 7.66 7.17 6.94 5.95 5.29 5.01 2.01 0.500 0.750 

 
Table 2: Venturi tube 

Static pressure, MPa; z, mm 
№ Ро to xo ρw 

Р1 Р2 15.4 36.1 

56 6.86 267.8 -0.058 47880 1.58 0.542 6.41 5.07 

57 6.90 272.1 -0.044 44980 1.50 0.508 6.49 5.31 

58 6.87 278.1 -0.023 40770 1.32 0.472 6.54 5.57 
 

In Tables 1 and 2: №– experiment number; Ро – inlet pressure, MPa;  to – inlet temperature, 
о
С; 

xo – inlet subcooling (relative enthalpy); ρw – critical mass velocity, kg/(s⋅m2
); Р1 – 

pressure at the outlet section of the specimen, MPa; Р2 – pressure downstream of the 

specimen, MPa; z – distance from the flow inlet, mm;  

z/d – relative longitudinal coordinate of the section. 
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Fig. 8 Pressure distribution along the Venturi tube for Ро = 2.0 MPa with various inlet subcooling, ∆tso: 

1 – 1.7
о
С; 2 – 4.3 

о
С; 3 – 13.2 

о
С; 4 – 21.7 

о
С 
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3. AN EXAMPLE OF EXPERIMENTAL DATA APPLICATION 

 

The 3D-model of single-phase flow in the isolation and control valve (ICV) of the RBMK fuel 

channel, developed with the use of the 3D hydrodynamic code STAR_CD3.10, was verified against 

the results of numerous valve tests with different degrees of opening. In the range of operation 

opening degrees h (from 4 to 12 mm), the values of pressure difference across the valve calculated by 

the 3D-model departed from the measurements by no more than 4%. In view of the considerable 

pressure drop in the ICV flow, it was important to determine the conditions under which flashing is 

possible in the flow part of the valve [Novoselsky, 2007]. To this end, cases with smooth increase of 

the water flow in the valve to the point of choking were picked out among all the experiments with the 

fifth group (see Section 2.5). Flow choking pointed to steam generation, to flashing of water in the 

valve, Fig.9. For this flow condition, calculations were carried out using the 3D-model of the ICV 

flow passage with analysis of pressure distribution at different flow rates. It was found that, with the 

water rate identified as a critical flow in that experiment (further pressure decrease downstream of the 

ICV caused no flow rate growth), a flow zone developed with its pressure below the saturation level, 

Fig. 10. The zone appeared as a cavitation region, i.e. it was found near a highly curved wall – in the 

area of transition from toroidal to conical surface of the valve throttle, Fig 11. 

 

 
Fig. 9  Flow choking in ICV 

    at Ро = 4.0 MPa, to = 170 
o
C 

 

 

 

 

 
Fig. 10  Maximum pressure drop in ICV 

(Ро =4.0 MPa, to = 170 
o
C) 

1 – at the wall 

2 – along the flow passage 

(section-averaged) 

 

 

Table 3 contains the results of calculations for the ICV test at the pressure of 4.0 MPa with 5 mm 

opening. The shadowed column corresponds to flow choking (experiment).  

 

Table 3: Results of calculations for single-phase flow in ICV 

h = 5 mm; Ро = 4.0 MPa; tо = 170 
о
С; (Рs =0.792 MPa). 

Mass flow rate, kg/s 3.78 4.67 6.0 7.0 7.61 7.97 

Pressure difference across ICV, MPa 0.39 0.591 0.97 1.32 1.56 1.71 

Maximum local pressure drop at the wall, MPa 0.84 1.29 2.13 2.90 3.43 3.76 

Maximum pressure drop along the passage, MPa 0.72 1.10 1.82 2.48 2.93 3.23 
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The zone with pressure below the saturation level is shown in Fig. 11. Fig. 12 illustrates pressure 

distribution along the flow passage of the ICV throttle. This pressure distribution corresponds to 

single-phase liquid flow. When in reality steam generation begins at the minimum pressure section, 

the flow pattern undergoes a considerable change. Increase of volumetric flow rate is accompanied by 

growth of hydraulic resistance, so instead of rising pressure drops, possibly even below the saturation 

level. Nevertheless, this process may only be described by a two-phase 3D-model. 

 

 

Fig. 11 Local pressure drop at the throttling slit inlet  

(ICV opening – 5 mm; inlet pressure – 4.0 MPa; temperature – 170 
о
С) 

 

 

Fig. 12  Pressure distribution along the throttling slit 

Triangles – local pressure at the points indicated by squares  

in the lower diagram. Conditions – as in Fig. 11  

To sum it up, calculations by a 3D-model of single-phase flow and use of experimental data on flow 

choking in an isolation and control valve made it possible to determine a criterion for steam phase 

formation and onset of flashing in the ICV flow passage. This criterion is the local pressure decrease at 

the passage wall by 0.2÷0.5 MPa below the saturation pressure. 
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Abstract 
 

A two-phase CFD modelling approach of the Pressurized Thermal Shock (PTS) problem has been 

developed and is being validated in the context of PWR life time safety studies. The cold water 

injection results in strong condensation and complex 3D two-phase phenomena. Direct Contact 

Condensation (DCC) occurs on the jet and on the free surface of the stratified flow in the leg. These 

surfaces are much larger than the cells size used in the computational domain, in this sense they can be 

called large interfaces. DCC depends strongly on the liquid side heat transfer, which is modelled as a 

function of turbulence, which itself depends on momentum exchange between gas and liquid. A 

statistical model is used to represent turbulence in each phase. The large interfaces require a special 

modelling. It has been recently developed and implemented in the NEPTUNE_CFD code which is 

based on an Eulerian two-fluid model. The present status of this large interface modelling is presented. 

The validation relies on separate effects experiments such as air-water or steam-water stratified flows 

and on a more integral experiment, COSI, which represents a cold leg scaled 1/100 for volume and 

power from a PWR under SBLOCA conditions. The interest of the considered experimental data for 

PTS CFD is discussed.  

 

1 INTRODUCTION 

In the context of PWR life time safety studies, it is important to evaluate the mechanical constraints 

on the reactor pressure vessel during some postulated accidental scenarios. The Pressurized Thermal 

Shock (PTS) is one of these. During a postulated Loss Of Coolant Accident (LOCA), as the pressure 

can still be high in the system, typically between 2 and 7 MPa, cold water is injected from emergency 

core cooling systems into the cold leg. It flows toward the downcomer, inducing thermal constraints 

on the vessel due to the temperature rapid decrease. Estimating this water temperature is the so-called 

PTS problem from the thermohydraulics point of view.  

Since two decades, it is possible to evaluate such a temperature with system codes (Janicot, 1993), 

but it is an averaged value in the cross section of the cold leg. It is obvious that CFD allows to get rid 

of such an assumption but it is just as much obvious that CFD gives rise to serious difficulties, as 

listed in the Lucas et al. (2007) review. The flow during a PTS is composed of a turbulent free liquid 

jet impacting the free surface of the turbulent horizontal stratified flow in the cold leg, submitted to a 

turbulent vapour flow. The liquid temperature depends strongly on Direct Contact Condensation 

(DCC) which takes place on the free surfaces and which interacts with the complex transient three 

dimensional dynamic conditions.  

Given the complexity involved by a CFD approach, a first option followed by Coste (2004) was to 

directly tackle the integral problem, starting from the COSI experiment which represents a cold leg 

scaled 1/100 for volume and power from a PWR under SBLOCA conditions, in order to range and 

start to quantify the most important phenomena. A second option followed by Yao et al. (2005) was to 

start from each individual model (turbulence, friction, DCC) and to validate each of them on separate 

effects experiments. Roughly speaking, the shortcoming was that models developed in the first option 

did not give satisfactory results on separate effects experiments and models developed in the second 

option did not give satisfactory results on COSI. The objective of our studies is to tackle this 

shortcoming; the objective of this paper is to give the present status of those studies.  

The paper is organised as follows. In the first part, the choice of the two-fluid model and the basic 

equations are briefly discussed. In the next parts, each model used in present PTS related studies is 
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outlined. Then validation calculations in which each model is involved are presented. The relevance of 

each experiment with respect to CFD validation for PTS is discussed.  

 

2 BASIC EQUATIONS AND CODE FRAMEWORK 

2.1 Choice of the two-phase model 

Direct Numerical Simulations (DNS), for example Nagasoa (1999) or Fulgosi et al. (2003), are 

useful to learn about large scale structures close to the free surface and detailed statistics of the 

dynamic and scalar fields but they remain confined to low Reynolds numbers. Large Eddy Simulations 

(LES) allow the study of situations with higher Reynolds numbers (Magnaudet and Calmet, 2006).  

Liovic and Lakehal (2007) used an LES/VOF combination to calculate the case of air/steam injection 

into a water pool. Such techniques based on one-velocity field are promising. However, aiming at 

calculating the reactor case or integral experiments in parallel with model developments since the 

beginning of the studies in the early 2000’s, CFD codes based on the two-fluid model were selected to 

address the problem from the CFD angle because of their generality and their intrinsic ability to treat 

heat and mass transfers at large scales and any Reynolds numbers.  

2.2 Equations solved by NEPTUNE_CFD in PTS related calculations 

The six classical transport equations (mass, momentum and energy for both liquid and gas) of the 

two-phase model, with the same pressure in the two phases, as established for example in Ishii (1975), 

are solved by the NEPTUNE_CFD code (Méchitoua et al. (2003), Guelfi et al. (2007)). The 

NEPTUNE_CFD solver is based on a pressure correction fractional step approach. The discretization 

follows a 3D full unstructured finite volume approach, with a collocated arrangement of all variables. 

Numerical consistency and precision for diffusive and advective fluxes for nonorthogonal and 

irregular cells are taken into account through a gradient reconstruction technique. Convective schemes 

for all variables, except pressure, are centered/upwind scheme. Velocities components can be 

computed with a full centered scheme. Gradients are calculated at second order for regular cells and at 

first order for highly irregular cells. The time step is variable with a CFL condition equal to unity. 

 

3 INTERFACIAL AREA 

3.1 Large Interface modelling 

The two-phase model resulting from averaging process leads to specific problems in case of flows 

with free surfaces like stratified flow or liquid jet in steam. Specific closures are needed. Within the 

framework of CFD based on the two-phase model, such flows lead to configuration of interfaces larger 

than cells size, called afterward Large Interfaces (LI’s). In this case, closure laws for friction, heat 

transfer or turbulence are different inside the LI regions and outside. It is then necessary to locate the 

LI’s position at each time step of the simulation in order to apply the correct closure laws. Our 

approach differs from approaches which aim at simulating the LI’s location in the context of one 

momentum equation, like Volume Of Fluid, level set or front tracking, in that it only locates the 

position, it does not reconstruct it. In the calculations of this paper, the surface tension is not taken into 

account on LI’s.  

The interface detection method implemented in NEPTUNE_CFD is based on the gradient of liquid 

fraction (Coste et al., 2008). The first step consists in computing a refined liquid fraction gradient, 

based on harmonic or anti-harmonic interpolated values of liquid fraction on the faces between the 

cells (Laviéville and Coste, 2008). This refined gradient allows to detect the cells belonging to the LI, 

in two steps, corresponding to two criteria.  

First step: each component of the refined gradient is compared with a maximum value based on the 

mesh geometry. The cells in which at least one component verifies Eq. (1) are selected (criterion 1C ).  
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Second step: the interface is refined in order to get only one cell in the LI’s normal direction. When 

two neighbouring cells selected in the first step make a line between them which is not normal enough 

to the interface (criterion 2C , Eq. (2)), one of these two cells is removed from the interface: the one 

with the lowest liquid fraction.  
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Lrefined αααα ∇+∇>∇+∇ 2.                                             (2) 

 

The combination of both criteria, with the heuristically determined values 0.2 for 1C  and 0.7 for 

2C , allows to detect the interface with a correct precision in many conditions. This method for sure 

has some shortcomings in some flow configurations but it has been used satisfactorily in the PTS 

context.  

The specific LI’s closure laws developed and implemented in NEPTUNE_CFD code (Coste et al., 

2007, 2008) use not only the cell of the LI but also the two neighbouring ones located in LI’s normal 

direction, on both sides, liquid and vapour: these models consider a wide interface of three cells, called 

afterward LI3C. It allows to use only physically relevant values by choosing the interface side where 

the phase is not residual. Closure laws are based on three cells instead of only one, so it limits the 

effect of the LI’s position with regard to the meshing. The detection of the neighbouring cells 

corresponding to the LI’s ones is made by selecting cells (in liquid and vapour) in the direction of the 

normal of the interface, given by the gradient of liquid fraction. When the interface is smeared, several 

LI3C may overlap. In this case, the LI3C with the lowest gradient is removed.  

3.2 Test case 

The LI3C detection has been tested on several 3D configurations with large interface. A simple 2D 

test case is illustrated in Fig. 1: the liquid is on the left at the initial time and then it sloshes under the 

influence of gravity. The calculated LI3C at time 0.2 s is plotted, where blue cells are stratified cells, 

green cells are the liquid neighbouring cells and yellow cells are the neighbouring vapour cells. A few 

cells pointed out by arrows have been removed from the LI3C by the algorithm due to the overlap of 

LI3C. 

 

t=0   liquid fraction

t=0.2   liquid fraction

STL

STG

ST

alphaL=0.5

t=0.2   LI3C

LI deleted

(overlap of LI3C)

t=0   liquid fraction

t=0.2   liquid fraction

STL

STG

ST

alphaL=0.5

t=0.2   LI3C

LI deleted

(overlap of LI3C)

 
Fig. 1. NEPTUNE_CFD calculation of a 2D test case for three-cells-thick large interface detection. 

Left: liquid fractions from 1 (red) to zero (blue). Right: regular cells (red) and three cells thick 

large interface (green, navy blue and sky blue).  
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4 TURBULENCE AND FRICTION 

4.1 Friction Model 

An anisotropic two-phase friction is assumed close to free surfaces. This is because the friction of 

bubbles with liquid, in the case of bubbles coming up to a free horizontal stratified flow surface, for 

example, is completely different from the friction of the gas over the free surface, which sees the 

liquid rather like a wall. Then the drag coefficient 
LG

pF  between liquid (L) and gas (G) phases, in the p 

direction defined in Fig. 2, is a general two-phase one derived from droplet and bubble drags, as was 

done in the SIMMER-III code (Tobita et al., 2006). The drag coefficient in the LI plane (index o, Fig. 

2), 
LG

oF , is specific to large interfaces. The basic hypothesis of the present model is that the free 

surface is a wall for the gas, a wall moving at the interface velocity uint.  The i component of the 

friction is then written as follows: 

 

( ) ( )LG

ipr

LG

p

LG

ior

LG

oLiGL uFuFJ ,,,,, +−=′ → ατ      (3a) 

 

where the relative velocity between phases L and G is: 

 

LG

GL

r uuu
rrr

−=,
      (3b) 

 

The wall law of Van Driest (1956) is used to calculate 
LG

oF , in which the LI is replacing the wall: 
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where 42.0=κ and A=25.6. The output of the wall law on the q phase side is a friction velocity 
*

qu .  The inputs of the wall law are, in the LI case, -a- the modulus of the relative velocity between the 

LI and the q phase taken at a distance which is characteristic of the discretization, uτ,q , -b- the distance 

between the LI and the point where this relative velocity is taken.  qu ,τ  calculation requires an 

hypothesis to calculate uint. In Coste et al. (2007) calculations performed on the basis of 

NEPTUNE_CFD V1.0.6, the hypothesis was that uint was equal to the liquid velocity of the STL cell. 

In other words, the difference of velocity between the liquid in STL cell and uint was neglected. In 

NEPTUNE_CFD V1.0.7, this difference is calculated with the hypothesis according to which the 

tangential shear on gas side is equal to the shear on liquid side: 

 
2*

,

2*

, GGLL uu ττ ρρ =              (5) 

 

 

α∇

LI

oru ,

r

ru
r

pru ,

r

 
Fig. 2. Projections of the relative velocity (index r) on the direction parallel (index p) to the normal of 

the large interface (LI) and on the LI which is a plane orthogonal (index o) to the p direction.   
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4.2 Turbulence model 

The Reynolds stress tensor is closed with a Boussinesq-like assumption. A two-equation k-ε model 

for the calculation of the turbulent eddy viscosity is used: one for each phase in the whole domain. It is 

an extension to multi-phase flows of the classical model used in single phase flows. The decrease of 

turbulence due to thermal stratification is included. It is a non negligible effect as was shown in a first 

simple CFD of COSI tests (Coste, 2004). Turbulence production due to the influence of each phase on 

the other one depends along the LIs on the interfacial friction. There is no model for turbulence 

damping at the free surface.  

4.3 Validation on an air-water stratified flow 

We consider an experiment featuring an adiabatic air water co-current stratified flow, in a 12 m 

long, 20 cm wide, 10 cm high, 0.1% slope rectangular channel (Fabre et al., 1987). The inlet liquid 

superficial velocity is 0.15 m/s.  Our selected test cases in this paper are runs 250 and 400. The inlet 

gas superficial velocity of run 250, 2.5 m/s, is high enough for the interfacial friction to play an 

important role, and sufficiently weak for waves and 3D circulations to be negligible. The inlet gas 

superficial velocity of run 400, 4.0 m/s, is high enough for waves and 3D circulations. The water 

height is 3.8 cm (resp. 3.15) in run 250 (resp. 400). The measurements used for the CFD comparisons 

are done 9.1 m from the inlet. These are vertical profiles of volume fraction, average velocities and 

turbulence quantities, in liquid and gas.  

Calculations are performed with the NEPTUNE_CFD code. The base case mesh used in the 

calculations is 2D, uniform, structured and rectangular, with 50 cells in the length and 20 in the height.  

The three directions are (x,y,z): x is the channel axis, axial, y is the height, z is the third direction.  The 

comparisons between calculations and experiment are in Fig. 3 and Fig. 4. The most important 

parameters from the PTS point of view are horizontal average velocities ux (horiz. velocity) and k 

(turb. kin. energy) on liquid (liq.) side (uL,x, kL), in particular close to the free surface.  On the gas side 

close to the free surface, the average horizontal velocity uG,x is important because it has a strong effect 

on the interfacial friction, which in turn has an effect on kL close to the surface.  The measured liquid 

and gas turbulent shear stresses, respectively 
'

,

'

, yLxL uu  and 
'

,

'

, yGxG uu , where 'u  are turbulent 

velocity fluctuations, have an almost linear profile in the smooth case.   
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Fig. 3. Run 250 (smooth) - NEPTUNE_CFD Calculation with large interface turbulence and friction 

models with the base case mesh (�) (2D, 50x20 cells) and with two times smaller cells (—) (2D, 

100x40) versus measurements (�), 9.1 m from the inlet. 
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Fig. 3 shows calculations of Run 250 (smooth free surface). Details about these calculations can be 

found in Coste et al. (2007). They are done both with the base case mesh and with a refined mesh with 

two times smaller cells in the two space directions. The calculated liquid axial horizontal velocity 

profile does not have the measured S-like shape due to the liquid entrainment by the gas just below the 

free surface: a feature of the flow is missing. The liquid turbulent shear stress close to the wall and 

close to the free surface has some discrepancies with the measurements. However the agreement and 

the weak sensitivity to the mesh refinement are satisfactory for a CFD use in PTS, at the present stage.  

Fig. 4 shows NEPTUNE_CFD calculations of run 400, a run with a wavy free surface. They are 

done both with the base case mesh (2D, 50x20) and with a 3D mesh (50x20x20). The discrepancy 

between 2D and 3D calculation is large. The plots of liquid horizontal velocity and liquid turbulent 

shear stresses rule out the 2D calculations of wavy runs such as this run 400. The calculation finds the 

decrease of the water level between the runs 250 and 400 but it is unable to correctly predict the run 

400 profiles especially in the gas.  
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Fig. 4. Run 400 (wavy)- NEPTUNE_CFD calculation with large interface turbulence and friction 

models with a 2D mesh (50x20) (�) and a 3D mesh (50x20x20) (—) versus measurements (�), 

9.1 m from the inlet.  

 

 

4.4 Discussion 

The smooth regime is calculated in a satisfactory way. Therefore the run 250 will be used in the 

future mainly for non-regression checks.  

The wavy case calculations are not satisfactory. Getting a good agreement in the wavy case is a 

difficult task. An obvious development, which is under way, is to include the friction due to the waves 

in the wall-type law used along the free surface. The problem then is the evaluation of the wave 

characteristics. The other problem is the important 3D recirculation which may call for a more precise 

turbulence modelling than k-ε. Rij-ε  model sensitivity may be tested in a first step.  

This Fabre et al. (1987) experiment is very useful. It is currently assumed that measurements and 

boundary conditions uncertainties are negligible in comparison with CFD agreement. Data are 

available for future developments and improvements, which concern non isotropic turbulence or 3D 

flows in the wavy case.  
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5 HEAT AND MASS TRANSFER 

5.1 Model 

The important closure law for DCC is the heat transfer coefficient hL,i between the liquid and the 

interface. There are many models available since several decades (Theofanous et al., 1976) (Banerjee, 

1978) (Bankoff, 1980). In the early 2000’s, our goal was to use a model suitable for CFD, which could 

predict the trends of COSI tests, which could be used in the reactor case without change, without 

arbitrary fitting constants. Then we could not select models validated on a 1D approach (averaging in 

pipes cross sections) or on smooth stratified flows or at low Reynolds numbers. We had to write a 

model which uses local variables available in the computations. This model was used in the SIMMER 

code (Coste, 2004) and is currently used in the NEPTUNE_CFD code (Coste et al., 2008). It is written 

as follows in order to use kl and εl calculated with the described above turbulence model: 

 

     ( ) 8

1

3
4

1

2

1

,,
3

2
−
















=
L

LLLpLiL kCh
ε
υ

λρ                                                      (6) 

 

Cp,L  is the specific heat and λL the thermal conductivity of liquid. Its form comes from the surface 

renewal model with a renewal frequency built with a Kolmogorov length and a turbulent velocity.  

Recently, DNS and LES brought new insights and clarifications (Magnaudet and Calmet, 2006).  

DNS of Lakehal et al. (2007) showed that the surface divergence model of Banerjee et al. (2004) 

coming from the Hunt and Graham theory (1978) applies in the liquid phase. Some efforts are 

underway to position the hL,i NEPTUNE_CFD model with regard to them.  

5.2 Validation on COSI 

The COSI experiment was built to study PWR ECC injection in the cold leg during a LOCA. It was 

used in the CATHARE code condensation modelling studies (Janicot and Bestion, 1993). COSI 

represents a PWR cold leg with the safety injection at the scale of 1/100 for volume and power, and 

conservation of Froude number (Fig. 5). The downcomer is represented by a simple cylinder. Vapour 

is supplied to one of the extremities of the test section, the other being partially opened or closed, 

depending on the runs. A weir is located at the extremity of the pipe in some tests, before the 

downcomer, in order to set a water minimum level. The tests without weir correspond to a situation 

where the liquid level in the downcomer is lower than the cold leg junction with the downcomer. 

During the runs, which represent a LOCA, low temperature water (typically 20° to 80 °C) is injected 

in the cold leg which is usually filled with vapour at a pressure between about 2 and 7 MPa. The 

steady state runs are presently used for the analysis. Experimental values are averaged over a time 

period of 30 seconds. Measurements include temperature vertical profiles at eight sections of the cold 

leg and the condensation rate in the whole test section. A significant range of inlet vapour flow rates 

and safety injection flow rates is covered.  

Therefore, depending also on the weir height, some phenomena may have a very different effect on 

measured temperature profiles from one run to the other, such as, for example: the cold water safety 

injection fall through the vapour; the entrainment of the jet by the vapour; the damping effect of 

thermal stratification on turbulence; the cold water impact on the cold leg wall. It is currently assumed 

that temperature measurements and boundary conditions uncertainties are negligible in comparison 

with CFD disagreement with measured temperatures. It makes COSI a fruitful validation experiment 

for a CFD approach to PTS.  

The difficulty in the hL,i model validation on an experiment like COSI is that there may be 

compensations of errors: for example, a CFD overestimating turbulence and an hL,i underestimating 

the heat transfer for a correct turbulence input would give a correct heat transfer output. This weak 

point has been tentatively mitigated, not only by making calculations with same hL,i model covering a 

wide range of test parameters and mesh sizes (about sixteen COSI runs), but also by considering 

calculations with same hL,i model with two quite different CFD involving two quite different 

turbulence modelling.  
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Fig. 5. Sketch of the flow in COSI tests. 

 

The first CFD was 2D with some adaptations to take into account some 3D effects (Coste, 2004). It 

was done in SIMMER-III (Tobita et al., 2006), a multi-phase finite volume code, with a staggered 

mesh and a second order spatial discretization of all transport equations. The typical mesh for the test 

section was structured and included 87 cells in horizontal direction and 18 cells in vertical direction. 

The approach included a special treatment for interfacial area and drag between liquid and vapour, in 

case of interfaces larger than cells size. The turbulence modelling was algebraic, using engineering 

relationships, originally used in single-phase flows, without change of original constants, including the 

thermal stratification effect via a Richardson number dependence.  

The second CFD is 3D. It is done with the NEPTUNE_CFD code, with the approach described in 

this paper. An example of computational domain is shown in Fig. 6. The 3D calculations 

corresponding to the results of Fig. 8 have been performed with a quite large range of meshes sizes 

and refinement choices, as illustrated in Fig. 7. Fig. 8 left calculations have been performed typically 

with meshes like Fig. 7 left and middle. The “3D fine mesh” calculations of Fig. 8 right have been 

performed with the mesh of Fig. 7 right.  

 

 

 
Fig. 6. Example of a NEPTUNE_CFD computational domain for a COSI test calculation 

 

 

 
 

Fig. 7. Cross section in the plane containing the ECC axis of three examples of meshes (the ECC pipe 

is not shown on the left and middle figures for post-treatment reasons) used in NEPTUNE_CFD 

calculations: the corresponding mesh for the whole calculation includes, from left to right: 

31700, 112000, 494000 cells.  
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Fig. 8 shows CFD results obtained with the two codes as described above, using in all cases hL,i 

model of Eq. (6), compared to experimental data. Fig. 8 left gives the calculations errors on 

condensation rate calculated as: 

 

exp

exp

Γ

ΓΓ

Γ
Γδ −
= cond

                                      (7) 

 

Γexp (resp. Γcond) is the measured (resp. calculated) condensation rate. Γexp is including some 

condensation in the downcomer, below the cold leg. It was estimated to be between 0 and 20% of the 

total condensation rate. On the other hand, as this condensation is technically difficult to represent in 

the calculations, Γcond is taken in the cold leg only. Therefore the condensation rate experimental 

uncertainty band in Fig. 8 left is between, approximately, -20% and 0%. The temperatures are 

measured on Nz =16 points in the vertical direction, at Nx =8 locations along the test section axis. Fig. 

8 right gives the calculations errors on temperature calculated as: 
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                              (8) 

 

Tsat (resp. TSI) is the saturation (resp. safety injection) temperature. In the vertical direction, the cells in 

gas are not taken into account because the temperature there is not difficult to calculate (close to 

saturation). Only temperatures in the liquid pool cells are considered. The temperature experimental 

uncertainty can be assumed negligible in comparison with calculation/experiment disagreement.  
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Fig. 8. Comparison with COSI experimental results of 2D (SIMMER-III, algebraic model for 

turbulence) and 3D (NEPTUNE_CFD, k-e model for turbulence) calculations with the same hL,i 

model (Eq. 2). On the left: condensation rate experimental uncertainty band is between -20% 

and 0%. On the right: temperature experimental uncertainty can be assumed negligible in 

comparison with calculations/experiment disagreements.   

 

The calculations results summarized on Fig. 8 of runs with different boundary conditions and 

meshes show that some great tendencies of some main phenomena are taken into account by the hL,i 

model of Eq. (6). A certain level of confidence in NEPTUNE_CFD calculations can be deduced but 

some weak points spur on further investigations. Let us mention two of them. Firstly, even if 

calculations with fine meshes lead to reasonable results, it is still necessary to demonstrate on simple 

cases the behaviour of the present heat and mass transfer model as a function of cells size. Secondly, 

the same model is used in the jet region impact and far upstream or downstream, where the flow is 

stratified and the turbulence may be weaker. Here are two reasons to consider stratified steam water 

flow experiments.  
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5.3 Validation on a steam-water stratified flow 

The LAOKOON experiment has been used within the European project NURESIM for CFD 

(Scheuerer et al., 2007). The LAOKOON test cases (Hein et al., 1995) relate to horizontal, stratified 

flow of sub-cooled water with condensation of saturated dry steam along the water surface. 

NEPTUNE_CFD reproduced the qualitative behaviour of the flow and energy field but the ECC water 

temperature in the bottom part of the channel was underestimated. A serious disadvantage of the test 

case was that the results for the temperature profiles and condensation rates were sensitive to 

variations of the inlet boundary conditions for the turbulence quantities which made model 

improvement difficult.  

Lim et al. (1984) experiment also deals with interfacial condensation of a turbulent stratified 

steam-water flow in a rectangular cross section. Its dimensions are 0.0635 m high, 0.3048 wide, 1.601 

m long. The inlet water height is 1.59 cm. There are five tests sections along the axis located at 0.15, 

0.30, 0.59, 0.87, 1.23 m from the channel inlet. The two selected test cases are listed in Table 1. In run 

1, the interface was smooth. In run 2, the interface was smooth from the channel inlet to 0.4 m, then 

switching to a wavy interface further off.  

 

 Run 1 Run 2 

Inlet steam mass flow rate (kg/s) 0.041 0.065 

Inlet steam temperature (°C) 111 116 

Inlet water mass flow rate (kg/s) 0.657 0.657 

Inlet water temperature (°C) 25 25 

Table 1: Experimental conditions of Lim et al. (1984) 

 

Although further calculations, especially sensitivity to the mesh size and to boundary conditions, 

are absolutely necessary, four preliminary NEPTUNE_CFD calculations of Lim et al. experiment are 

presented in Fig. 9 because they may help to discuss the interest of Lim et al. experiment and the 

current context of PTS CFD. The Fig. 9 shows the steam mass flow rate as a function of the axial 

position in the channel, from the inlet. On left: run 1. On right: run 2. The NEPTUNE_CFD 

calculations have been performed both with hL,i model of Eq. (6) and with hL,i model based on Lakehal 

et al. (2007). It is clear, in the smooth regimes of run 1 in the whole channel and of run 2 until 0.4 m, 

that the Lakehal et al. (2007) model is correct whereas Eq. (6) largely overestimates the condensation. 

In the smooth regime, dynamic quantities, especially about turbulence, used as inputs in the hL,i model, 

should be relatively correct, considering Fig. 3. It is not clear after the smooth to wavy transition 

regime around 0.4 m of run 2 which model is correct, because there is not enough confidence in 

calculated dynamic quantities in the wavy regime at the present stage of the study, as illustrated by 

Fig. 4.   
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Fig. 9. Steam mass flow rates versus axial position from the inlet: comparison with Lim et al 

experiment of NEPTUNE_CFD preliminary calculations, with hL,i model of Eq. (6) and with hL,i 

model from Lakehal et al. (2007). On the left: run 1 (smooth interface). On the right: run 2 

(smooth interface from axial position 0 to 0.4 m, wavy further off).   
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The Lim et al. experiment provides data that LAOKOON does not and vice versa. In LAOKOON, 

only the temperature vertical profiles and a global approximate condensation rate are available. In Lim 

et al., there are no temperature vertical profiles, but vertical profiles of water and steam velocities, 

axial profiles of water thickness, steam pressure, steam flow rates and estimated heat transfer 

coefficients, are available. The distinction of two regimes, smooth and wavy, with a clear effect on the 

measurements, provides valuable data challenging for CFD.  

 

6 CONCLUSION 

The current PTS modelling used in NEPTUNE_CFD includes a large interface recognition 

algorithm, an approach of three cells layer thick of large interfaces and large interface specific models 

for friction, turbulence and heat transfer.  

Fabre et al. (1987) air-water stratified flow experiment is useful to qualify friction and turbulence 

models in both smooth and wavy regimes. Current models are satisfactory in the smooth regime but 

not in the wavy one. An explanation is that the wall-type law used at the free surface to calculate the 

friction does not include yet a roughness to account for waves.  

Lim et al. (1984) steam-water stratified flow experiment is useful to qualify the heat and mass 

transfer model once friction and turbulence models are qualified on Fabre et al. experiment. 

Preliminary calculations show that current friction and turbulence models are satisfactory in the 

smooth regime provided that Lakehal et al. (2007) model for the heat transfer on liquid side is used.  

The current liquid side heat transfer model (Coste, 2004) overestimates this heat transfer in this 

smooth regime. The wavy regime requires further investigations.  

On the other hand, the (Coste, 2004) model has been successfully qualified on sixteen COSI tests 

which represent a cold leg scaled 1/100 for volume and power from a PWR under SBLOCA 

conditions. This difference of agreement between COSI and Lim et al. is presently explained by the 

flow regime difference, COSI being assumed not to be in a smooth regime. However, as COSI is a 

rather integral test, the whole set of PTS models is involved in calculations: so separate effect tests are 

necessary to acquire a better knowledge of each individual models behaviour. Those three experiments 

used in this paper are complementary and provide valuable data which can feed further validation and 

development of PTS CFD.  

Future developments in the current PTS modelling will aim at improving the prediction of wavy 

Fabre et al. tests and of Lim et al. tests, while keeping at least current satisfactory results on COSI and 

on smooth runs of Fabre et al..   
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Abstract 
 

One of the OECD ROSA project tests, investigating temperature stratification in the cold legs and the 

downcomer during ECCS water injection under single-phase natural circulation conditions was 

analysed with the FLUENT code. The guidance given in the „Best Practice Guidelines for the Use of 

CFD in Nuclear Reactor Safety Applications” of the OECD GAMA group was followed. Steady-state 

calculations were performed with the Standard k-ε, the Realizable k-ε and the Reynolds Stress Model, 

the last one being closest to the measured results. The calculations indicate the predominance of 

buoyancy effects in the cold leg caused by the density difference between cold and hot water, while in 

the test it seems, as if mixing between the cold plume and hot water would be the prevailing 

mechanism. It is shown that the temperature distribution in the downcomer is strongly influenced by 

correct modelling of the cold leg-downcomer connection. A model with an abrupt transition leads to 

the colder fluid flowing to the core barrel, while in the test it was flowing down along the vessel wall. 

Approximating the rounded transition with a radius of 19 mm in the ROSA facility by a 45
o 
expansion 

zone led to a shift of the cold stream towards the vessel wall.  

 

1.   INTRODUCTION 
 

Pressurised Thermal Shock (PTS) still remains an issue in nuclear reactor safety. Severe PTS 

transients are featured by cold Emergency Core Cooling (ECC) water injection into stagnating coolant 

in the primary circuit. In such a case the resulting flow pattern is governed primarily by buoyancy 

forces, i.e. thermal stratification and mixing of the cold and hot water play a dominant role. Due to the 

important 3D effects, these phenomena cannot be predicted with thermal hydraulic systems codes: a 

realistic description of the mixing process can only be expected from CFD codes. In a recent OECD 

survey (Smith, 2008) PTS is listed among the relevant safety issues and available test data as well as 

recent analyses are reviewed. 

 

Within the EU FLOMIX-R project the computer codes FLUENT and ANSYS-CFX were validated 

against Tests 10, 20, and 21 of the IVO test facility, modelling a VVER-440 downcomer (Rohde, 

2004). The Test 20 was analysed by the FLUENT code (Toppila, 2002). The model included the cold 

legs with safety injection line and he used 283000 cells. The thermal stratification in the cold leg and 

reactor downcomer was examined, and the asymmetrical stratification under the cold leg corresponds 

to the experimental results. 

 

Important PTS data base has been created in the Upper Plenum Test Facility (UPTF), although the 

data are proprietary. UPTF is a 1:1 model of a 1300 MWe Siemens/KWU PWR. The UPTF Test 1 

was simulated by the ANSYS CFX code using different Reynolds Averaged Navier Stokes (RANS) 

models (Willemsen, 2005). In this test, the primary system was initially filled with stagnant hot water 

at 190°C. The cold ECC water, at 27°C, was injected into one cold leg with a mass flow rate of 40 

kg/s. The authors found that the location of the cold plume along the downcomer thickness depended 

on modelling of buoyancy as well as on correct modelling geometrical details, like reactor lower 

plenum internals. For example, inclusion of detailed models of internals, which should improve the 

results since they are closer to reality, reduced circumferential temperature oscillations in the 

downcomer. As a result, the cold ECC water was flowing primarily along the core barrel, whereas an 

alternating hot and cold fluid was seen to pass the core barrel and vessel wall in the experiment. 

Therefore, the cooling of the RPV wall is significantly underestimated in the computation. 
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In the OECD ROSA project, new tests with more detailed instrumentation have been carried out to 

investigate stratification in the cold legs and temperature distribution in the downcomer during ECCS 

water injection under single- and two-phase natural circulation conditions in the primary system. The 

main aim of the tests is to supply additional, high quality data for validation of CFD tools. 

 

One of these tests, T1-1 has been analysed using the FLUENT code. Throughout the analysis, special 

consideration was given to the Best Practice Guidelines (BPG) for the use of CFD in nuclear safety 

applications developed in the framework of the OECD CSNI (Mahaffy et al., 2007). The calculations 

presented are the first post-test results for the ROSA T1-1 experiment. Since OECD project results are 

proprietary for a given period of time after termination of the project, test results can only be reported 

here in a qualitative way. 

 

2.   THE ROSA STRATIFICATION TEST 
 

One of the test series performed within the OECD ROSA project investigates temperature 

stratification in the cold legs and the downcomer during ECCS water injection under single- and two-

phase natural circulation conditions. The first test, T1-1 addressed the issue in quasi steady-state 

conditions at different mass inventories. The initial condition of the test corresponded to single-phase 

natural circulation at 15.5 MPa at 100 % primary inventory with a core power corresponding to 2 % 

of the scaled nominal power. ECCS water with a temperature of 300 K is injected into the cold legs A 

and B one after another during a period of 80 s, applying two different ECC flow rates. The injections 

were initiated at about 10 minute intervals in order to allow re-stabilization of the system. 

 

Multidimensional temperature distributions were measured by rakes of thermocouples. In the cold 

legs, these were located in three cross-sectional planes, as shown in Fig. 1: one below the injection 

point (containing 9 thermocouples) and two more between injection and downcomer, each containing 

21 thermocouples, as shown by Fig. 2. 18 thermocouples were installed in the downcomer below each 

cold leg (Fig. 3).  

 

The nominal accuracy of the thermocouple measurements is +/- 2.75 K. However, calibration 

performed with uniform temperature in the cold legs prior to starting the test allowed to reduce this 

value even further. 

 

For the analysis with the FLUENT code, the first injection to cold leg A in T1-1 was selected, when 

the primary system inventory corresponded to the nominal one. The cold leg A was chosen, since 

there the ECC injection is perpendicular to the main stream, as it is the case in VVER-type reactors. 

From the two injections at 100 % primary inventory the one with lower flow rate was chosen, since it 

was closer to typical VVER conditions. 
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Fig. 1:  Locations of new thermocouples in cold legs and downcomer 

 

 

 
Fig. 2:  Locations of thermocouples 

in cold leg A, at sections ii and iii 

of Fig. 1 

Fig. 3:  Locations of new thermocouples in the downcomer 

 

3.   FLUENT ANALYSIS 
 

The analysis was performed by the version 6.3.26 of FLUENT with the aim to validate the code for 

PTS-type calculations, when the phenomena are strongly influenced by buoyancy effects. Due to the 

large temperature difference between cold leg and ECCS injection, the fluid densities differed by 

about 20 %. At each step of the analysis, e.g. grid generation, selection of turbulence model, 

discretization scheme etc., special effort was done to follow the Best Practice Guidelines (BPG) for 
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the use of CFD in nuclear safety applications developed in the framework of the OECD CSNI 

(Mahaffy et al., 2007). 

 

For the FLUENT calculation only the cold leg of loop A was modelled downstream of the pump, 

including the bend upstream of the ECCS injection, as shown by Fig. 4. Half of the downcomer was 

modelled, its height being limited to 1340 mm. Mass flow rates were given at the pump in the cold leg 

and in the ECCS line, while a pressure boundary was imposed at the lower part of the downcomer. 

The non-modelled half of the downcomer was taken into account by symmetry boundary conditions. 

 

 
Fig. 4:  FLUENT model with boundary conditions 

 

3.1 Grid Generation 
 

As proposed by the BPG a structured mesh consisting of 668288 hexahedral elements was developed 

with special care for meshing around ECC line/cold leg and cold leg/downcomer connection. The 

guidelines for cell skewness, cell size change between adjacent cells and cell aspect ratio were taken 

into account and the corresponding requirements fulfilled. 

 

Mesh parameters From value To value 

Skewness 0 0.611 

Size change 0.8 1.9 

Aspect ratio 1 4 

 

 

3.2 Boundary Conditions 
 

The measured temperature distribution in the cross section of the cold leg, 0.7 m down-stream of the 

injection point is presented in Fig. 5. It can be seen that the test can be regarded as a quasi-steady-state 

process during the later phase of the 80 s injection, therefore it was decided to do steady-state 

FLUENT analysis for the period between the dashed red lines. Primary loop and ECC flow rates were 

practically constant in this period, and so was the loop temperature. However, the ECC water 

temperature was changing about 20 K in the selected period, as shown by Fig. 6, the average value 

between the dashed lines was applied as boundary condition. Adiabatic conditions were assumed at 

the walls. 

 

The thermal properties of the water were described as polynomial functions in the range of 293 and 

573 K at constant pressure, 15.5 MPa. 
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Fig. 5:  Measured temperature distribution in the 

cross section of the cold leg, 0.7 m down-stream 

of the injection point 

Fig. 6:  Measured ECC water temperature 

 

3.3 Calculation results 
 

A large number of calculations have been performed, they are summarised in Table 1. FLUENT was 

run on a PC with an Intel Pentium4 3.2 GHz processor and a memory of 3.12 GB, under MS-

WindowsXP. Typical computation time for Case 11 was about 3 days. 

 

Table 1:  The matrix of performed calculations 

 

Discretization 
Case Grid description Grid size 

Turbulence 

model space time 

Time 

step 

1. initial grid 668 288 Standard k-ε 1
st
  - - 

2. initial grid 668 288 Realizable k-ε 1
st
 - - 

3. initial grid 668 288 RSM 1
st
 - - 

4. initial grid 668 288 Realizable k-ε 2
nd
 - - 

5. ECCS line:351.5mm 665 408 Realizable k-ε 1
st
 - - 

6. ECCS line:46.5mm 661 328 Realizable k-ε 1
st
 - - 

7. 
outlet position: 

1600mm down 
780 288 Standard k-ε 1

st
 - - 

8. ECCS line:351.5mm 665 408 Realizable k-ε 1
st
 1

st
 0.05s 

9. ECCS line:351.5mm 665 408 RSM 1
st
 1

st
 0.05s 

10. 
2x2x2 FLUENT 

refined grid 
5 323 264 Realizable k-ε 1

st
  - - 

11. refined grid 1 545 768 RSM 1
st
 - - 

 

Different turbulence models have been tested in the first three calculations, based on the “default” 

grid. Nos. 4 and 5 to 7 investigated the effect of spatial discretization and position of the boundary 

conditions, respectively. In order to evaluate the effect of steady-state approach, two calculations were 

done in the transient mode. The impact of grid refinement was also analysed. Since RSM calculations 

require much higher CPU time and memory, most of the parametric studies were done by the 

Realizable k-ε model. 
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In presenting the results, the focus will obviously be on the temperature distributions in the cold leg 

and the downcomer, since velocity distributions have not been measured. Comparison with 

measurements will be presented in the planes of the thermocouple rakes, as shown in Fig. 7. 

 

 
 

 

Fig. 7:  Measurement planes, places of comparison 

 

3.3.1 Turbulence Models 

 

Three commonly used Reynolds Averaged Navier-Stokes models have been selected for the analysis: 

the Standard k-ε, the Realizable k-ε and the Reynolds Stress model (RSM). These models are the 

basic models of practically all CFD codes and – with the usually available computing capacities – the 

ones most widely used in the engineering practice. Since the density of the injected fluid differed by 

about 20 % from the main stream density, the buoyancy effects have been included in all models. The 

BPG proposes the RSM in case of strong buoyancy effects. 

 

The temperature distributions in the cold leg in case of the three different turbulence models are 

shown in Fig. 8. In all cases temperature stratification can be observed. Surprisingly, the Standard k-ε 

and RSM give rather similar results: the flow is buoyancy driven. The injected cold water first hits the 

bottom of the cold leg and then moves almost to the top along the tube wall, indicating limited mixing 

with the main stream hot water. The Realizable k-ε model calculates more intensive mixing and 

buoyancy effects are less dominant.  
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Fig. 8:  Temperature distributions in the cold leg 

 

Comparison of the measured and calculated results along the TE-2B and TE-3B lines (Fig. 9) 

indicates again the overestimation of the mixing with the Realizable k-ε model, especially in plane 3. 

It should be mentioned that the calculation does not consider the structure holding the thermocouples 

and the video probe (the latter installed between the injection point and plane 2), which obviously 

create additional turbulence. 
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Fig. 9:  Comparison of the measured and calculated results along the TE-2B and TE-3B lines 

 

3.3.2 Discretization Scheme 

 

Applying first or second order spatial discretization in the Realizable k-ε model produced negligible 

effect on the results. 

 

3.3.3 Position of Boundary Conditions 

 

At the selected boundaries of the modelled part of the ROSA facility, no detailed information is 

available concerning flow, temperature and pressure distributions and the usual approach is to assume 

homogeneous distributions. The BPG stresses the importance of parametric studies in such cases to 

demonstrate that missing distributions and/or turbulence quantities have no impact on the results.  

 

The boundary of the cold leg inlet was defined sufficiently far away of the injection point, beyond the 

bend. It can be assumed that all possible non-homogeneities are “over-ridden” in the turbulent flow 

field until the injection point, taking into account the influence of the bend as well. This is supported 

both by the measurements and the calculations, which indicate only a slight cross-sectional 

asymmetry in plane 2 and this can be attributed to the bend. 

 

Three different ECC line lengths have been investigated: 46.5, 351.5 and 570.5 mm, respectively. The 

results with the shortest injection line differ from the two other, indicating that the flow is not fully 

developed in the former case. The two longer tubes give identical results. 



 8 

 

The effect of the outlet boundary was evaluated by modelling an additional 1600 mm of the 

downcomer: no effect on the flow structure could be found. 

 

3.3.4 Transient Calculations 

 

As discussed in section 3.2, the steady-state approach cannot be fully justified especially due to the 

change in the ECC water temperature. Therefore, two additional calculations were run with the 

Realizable k-ε and the RSM model, respectively in transient mode for the period 15 to 100 s in Fig. 5. 

In both cases, the results were very similar to the corresponding steady-state ones indicating that the 

primary cause of the deviations between measurement and calculation is not the considerable 

temperature change of the ECC water. The temperature evolution along the vertical axis of the cold 

leg in the planes 2 and 3 is shown in Fig. 10. 
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Fig. 10:  Transient temperature evolution along the vertical axis of the cold leg in planes 2 and 3 

 

3.3.5 Grid Refinement 

 

Demonstration of grid-independence is a basic requirement in CFD analysis, however, due to 

insufficient computer resources, in real-life technical problems it can mostly not be achieved. A 

calculation was run with half of the original grid size in all directions, resulting in a model of 

5 323 264 cells. As expected, this showed some difference from the results obtained with the original 

grid. Since it was not possible to go on with systematic grid refinement – and assuming that the 

carefully developed structured mesh for most of the flow-field was adequate – local refinement was 

performed. The resulting 1.5 million cell model applied smaller-sized cells in the injection line, in the 

cold leg between injection and downcomer, with special care to the near-wall region. Earlier results 

were especially unsatisfactory in the downcomer and it was supposed that this might be the 

consequence of modelling the cold leg-downcomer connection by abrupt area change. Additional 

information obtained from ROSA experts (Watanabe, 2008) confirmed that there is a rounded 

transition with a radius of 19 mm. In the new model this was represented by a 45
o 
expansion zone 

over a length of 19 mm. 

 

Figure 11 compares the results with the ones presented in Fig. 8. In plane 2 there is almost no change, 

however, in plane 3 a higher degree of mixing can be observed with the refined model. The 

downcomer temperature distribution is even more affected, as shown in Fig. 12. While in the base 

case the cold layer at the cold leg bottom was flowing to the core barrel side, the 45
o 
transition led to a 

shift of the cold stream towards the vessel wall – in agreement with the measurements. The 

temperature distribution in plane 4 is shown in Fig. 13: it indicates good agreement left and right of 

the cold leg axis, while in the axis the calculated temperature next to the vessel wall is still 
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significantly higher than in the test. This proves the importance of correct description of the cold leg-

downcomer transition. 

 
Fig. 11:  Effect of local grid refinement on the temperature distribution in the cold leg 

 

 
 

Fig. 12:  Effect of local grid refinement on the temperature distribution in the downcomer 
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Fig. 13:  Temperature distribution in the downcomer (plane 4), 1 545 768 cells 

 

4. CONCLUSIONS 
 

FLUENT analysis results were presented for one of the tests performed in the OECD ROSA project. 

The test investigates temperature stratification in the cold leg and the downcomer – initially filled 

with hot water – during ECCS water injection under single-phase natural circulation conditions. The 

calculation results were compared with multidimensional temperature distributions measured by rakes 

of thermocouples located in three cross-sectional planes in the cold leg and at two elevations in the 

downcomer. 

 

The „Best Practice Guidelines for the Use of CFD in Nuclear Reactor Safety Applications” of the 

OECD GAMA group were followed both in the mesh generation process and in the analysis. A 

structured mesh consisting of 668288 hexahedral elements was developed with special care for 

meshing around ECC line/cold leg and cold leg/downcomer connection. The guidance for cell 

skewness, cell size change between adjacent cells and cell aspect ratio were taken into account. 

 

A number of steady-state calculations were performed in order to check the effect of different 

turbulence models (Standard k-ε/ Realizable k-ε/ RSM), the spatial discretization scheme (1st/ 2nd 

order), grid refinement and the position of the boundary conditions.  

 

The analysis results allow the following conclusions: 

• The turbulence model applied affects the flow and temperature distribution first of all in the 

cold leg. It is an unexpected result that Standard k-ε and the RSM produced very similar 

results, both showing strong buoyancy effects and less intensive mixing of the cold plume 

with respect to Realizable k-ε model. In spite of these differences, the stratification process in 

the cold leg is captured by all models. 

• Change from 1st to 2nd order discretization scheme had negligible effect on the results, which 

is believed to be the consequence of the thoroughly constructed grid. 

• There was little difference between the results obtained with the “base grid” of 668 288 cells 

and the refined one (with half of the original grid size in all directions) with 5 323 264 cells. 

Since mesh-independence could not be demonstrated, local mesh refinement was applied in 

critical regions, like around the injection point, cold leg-downcomer connection and next to 

the wall. 

• Comparison of steady-state and transient calculation results shows little difference. This 

indicates that the primary cause of the deviations between measurement and calculation is not 

the considerable temperature change of the ECC water during the analysed period.  

 

It is difficult to draw final conclusions by comparing the measured and calculated results, since the 

velocity field in the cold leg can only be inferred with high uncertainty based on the measured 

temperature distributions. The calculations indicate the predominance of buoyancy effects caused by 

the density difference between cold and hot water in the cold leg: the cold ECC plume first hits the 

bottom of the cold leg, then, flowing on both sides of the tube reaches almost the top and, finally, 

tends to stratify. Based on the temperature readings of the test it seems, as if the process in ROSA 

would be less dominated by buoyancy than by mixing between the cold plume and hot water in the 

cold leg. It may be questioned to what extent this difference is caused by the mixing effect of the 

thermocouple rakes and the video probe installed in the flow field. 

 

The calculated and measured temperature distribution in the downcomer show even larger divergence: 

while in the experiment the colder fluid at the bottom of the cold leg tends to flow down along the 

vessel wall, in the calculation it flows to the core barrel. It was shown that this behaviour is strongly 

influenced by the model of the cold leg-downcomer connection. Assuming an abrupt transition leads 

to what was described just above, while approximating the rounded transition with a radius of 19 mm 

in the ROSA facility by a 45
o 
expansion zone led to a shift of the cold stream towards the vessel wall. 
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It is planned to make further analysis with a more detailed resolution of the cold leg-downcomer 

transition.  

 

Although the ROSA test produced high-accuracy temperature measurements, the test results offer 

limited possibility of CFD code validation. It is difficult to assess e.g. buoyancy effects based on the 

temperature distribution measured in two planes of the cold leg: this would require more detailed 

information about the flow field, including velocity distributions. In order to judge, whether buoyancy 

or turbulent mixing are the predominant factors in the observed thermal stratification, measurement of 

the turbulent properties would also be needed. It is planned to perform such tests using the institute’s 

PIV/LIF technique described in another paper (Tar, 2008) that would eliminate doubts about the effect 

of intrusive measurements on the flow field. 
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Abstract  
A Computational Fluid Dynamics (CFD) analysis for a turbulent jet flow induced by a steam jet 

dischareged into a subcooled water pool was performed for 10 seconds of transients to investigate 

whether currently available CFD codes can be used suitably as a tool to validate the development of 

the correlations for a turbulent jet and to analyze thermal-hydraulic behavior in a condensation pool 

for an advanced reactor. As for the numerical experiment, a sensitivity calculation was conducted to 

elucidate factors which can produce different CFD results by varying mesh distribution, numerical 

model for a convection term and the turbulent models. The velocity and the temperature difference of 

in a region between the sparger and the pool wall has not been observed in the sensitivity calculation. 

The comparison of the CFD results with test data shows that the CFD analysis does not accurately 

simulate the local phenomenon of a turbulent jet existing downstream of a steam jet.  

1.   INTRODUCTION  

The experimental and CFD research for an unstable steam condensation in a DCC (Direct Contact 

Condensation) which may happen in the IRWST (In-containment Refueling Water Storage Tank) of 

APR1400 (Advanced Power Reactor 1400 MWe) were performed to understand the phenomenon of a 

DCC (Kim et al, 1997; Song et al., 2007). One of the main reasons for the unstable steam 

condensation was found to be an increased temperature of a turbulent water jet entraining on a steam 

jet (Su, 1981). Thus, a thermal mixing test by discharging steam through a sparger into a subcooled 

water was recently performed to investigate a local temperature of the pool water around the sparger 

(Park et al., 2005 & 2007). The CFD analysis using so-called the condensation region model for the 

thermal mixing test was conducted to develop a methodology which can be applied to the safety 

assessment of the IRWST (Kang et al., 2007; Kang & Song, 2008). This analysis shows that a 

commercial CFD code with the condensation region model can be used to analyze overall pool 

behaviour if a sufficiently fine mesh distribution and a proper numerical model are adopted to use.  

The thermal-hydraulic load onto the IRWST wall was also evaluated for each discharging phase of 

water, air and steam through the sparger (Park et al., 2005 and Ra, 1999). In the dynamic load analysis 

of the steam discharge phase, the maximum velocity, temperature and the width of the turbulent water 

jet induced by the steam condensation were used as the input data (Ra, 1999). It seems to be very 

useful for the evaluation of a thermal-hydraulic load if an empirical correlation to accurately predict 

the velocity and temperature of a turbulent water jet is developed. Therefore, a fundamental test to 

measure the velocity and temperature distribution of a turbulent jet during the steam discharging 

through a single-hole sparger into a subcooled water pool was performed to develop the correlations 

(Kang et al., 2008). However, the velocity and temperature was not measured at the upstream region 

of the turbulent jet existing downstream of a steam jet because a measurement device might disturb the 

turbulent jet behaviour. Also, a far-away region from the turbulent jet was also not measured since we 

could not ensure a quasi-steady state behaviour of pool during the steam discharge.  

A commercial code, the CFX-11 (ANSYS, 2007) was introduced in this study to assist the 

development of the correlations to accurately predict the velocity and temperature of a turbulent water 

jet based on the validation work of the CFX-11 against the measured data near the steam jet region. It 

would also be very helpful for understanding the effect of a steam jet condensation on the turbulent jet 

to compare the measurements of the velocity and temperature distribution with those data predicted by 

a theory for the turbulent jet of a single phase (Abramovich, 1963).  
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2.   THE TURBULENT JET SOLUTION BY A THEORY  

The solution from a turbulent jet theory regarding the velocity and temperature distribution can be 

meaningfully used as the reference data for a comparison of measurements and CFD results. The 

theory of the Tollmien’s axially symmetric source (Abramovich, 1963) has been mainly applied to a 

submerged turbulent flow which seems to be similar to the turbulent flow induced by the steam 

condensation in the subcooled water pool. This theory assumes that the turbulent jet flow starts from 

the point source and some of the axial flow moves upward due to the turbulent shear stress as the 

turbulent jet propagates. The similarity method (Table 1) was introduced to solve the Tollmien’s 

model, and the obtained solutions of the flow field and heat transfer can be presented in dimensionless 

forms, as shown in Fig. 1, depending on the coefficient of “a” related to a mixing length model 

(Abramovich, 1963 and Chung, 2005). 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1:  Axi-Symmetric Turbulent Source’ Solution (Abramovich, 1963) 

 

Table 1: Similarity Method for the Tollmien’s Theory (Abramovich, 1963) 
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3.   EXPERIMENT OF THE TURBULENT JET   

 

3.1 Experimental Facility 

The GIRLS facility with a single-hole sparger (Fig. 2) submerged in a subcooled water tank was used 

for the experiment of the turbulent jet induced by the steam condensation (Song et al., 2007; Choi et 

al., 2007). The diameter of the single hole on the surface of the sparger is 1 cm. Steam generated in the 

Axial  

Radial 

(a) Axially Symmetric Turbulent (b) Similarity Solution (dimensionless) 
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steam boiler is provided along a pipe from the boiler to the single-hole sparger. During this delivery, 

the temperature, pressure and mass flow rate of the steam were measured, and the measured 

temperature and the pressure inside the sparger provide the information on the discharged steam. The 

temperature of the pool water is reported by averaging the 6 Thermocouples (TCs) located near the 

tank wall. In order to measure the velocity and temperature distribution of the turbulent jet without 

disturbing the shape of the jet flow, a movable spool of pitot tube and TCs was introduced to provide 

information on velocity and the temperature simultaneously in the axial and radial directions. The 

geometric information of the measurement spool is shown in detail in Fig. 2.   

 

        

 

Fig. 2:  Schematic Diagram of the GIRLS Facility 

 

3.2 Experimental Matrix 

The experiment for the turbulent jet was performed to investigate the stable condensation region under 

the quasi-steady state by discharging the steam jet of about 1,000 kg/m
2
s into the lower temperature of 

the tank water (Kim et al., 2005; Kang et al., 2008). In order to observe the effect of pool water 

temperature on the turbulent jet, five cases were selected as shown in Table 2. The measurement spool 

is continually moved to measure the velocity and temperature of the turbulent jet in the radial direction 

at the same axial location. The axial measurement location is defined as a horizontal distance from the 

exit of the single hole to the measurement position. The radial measurement location is a vertical 

distance at the same axial location, and is increased by 0.25cm from the center of the turbulent jet. The 

total number of measurement locations is 122 points, and the duration of a measurement at one 

location is about 4 seconds. While moving the measurements spool manually, the temperature of the 

pool water is increased by 10~20% of the initial temperature due to the energy of the discharge steam 

jet (Table 2). The uncertainty of the measurement devices is shown in Table 3.  

Table 2:  Experimental Matrix 

 Temp. of 

Tank Water (℃) 

Mass Flux (kg/m
2
s) &           

Temp. of Steam (℃) 

Axial Measuring 

Location (cm) 

Radial Measuring 

Location (cm) 

Case 1 15.0~22.4  G=999.9±10.2,   Ts=165.6±0.6 8, 12, 16 0 ~ 2.25 (△y=0.25) 

Case 2 27.4~35.2  G=997.9±11.5,   Ts=165.8±0.6 8, 12, 16 0 ~ 2.25 (△y=0.25) 

Case 3 31.1~35.6  G=1008.1±24.9, Ts=166.2±1.2 8, 12, 16 0 ~ 1.75 (△y=0.25) 

Case 4 36.4~40.6  G=1002.7±29.8, Ts=166.0±1.4 8, 12, 16 0 ~ 1.75 (△y=0.25) 

Case 5 38.8~47.6  G=991.3±19.2,   Ts=165.7±1.0 8, 12, 16, 20 0 ~ 2.75 (△y=0.25) 

 

 

Axial (x) 

Radial (y) 

Movable 

Measurement Spool 
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Table 3:  Information on the Instrumentations 

 

 

3.3 Experimental Results and Discussion 

It is shown in Fig. 3 that the velocity value at the jet centerline is decayed. This is because the width of 

the jet is increased as the turbulent jet propagates along the axial direction. This flow pattern is very 

similar to that of the single phase jet. In Fig.3, the velocity values at the axial location of 12cm, 16cm, 

20cm were normalized by the values measured at 8cm, and the velocity value from the Tollmien’s 

theory is obtained by the relation of Um/Uo (Table 1). During the normalization process, the 

dependency of the coefficient of “a” related to the mixing length model is disappeared. The predicted 

values by the Tollmien’s theory are less than about 10% of those of the test results. When using the 

theory, the point of the turbulent source was assumed as the center point of a single-hole of the sparger.  

In order to elucidate the effect of a steam condensation on the turbulent jet, it is necessary to 

quantitatively evaluate the spreading value of the jet width by comparing it with the value of a single 

phase by the Tollmien’s theory, because the entrained water from the pool water into the steam jet 

may increase the jet width of the turbulent jet. It was also observed that the diameter of the vapor core 

in the steam jet is expanded to 1.63 times that of the single-hole as the steam jet is discharged with an 

ellipsoidal shape under a steam mass flux of about 1,000 kg/m
2
s (Kim, 2001). The comparison results 

for the normalized radial velocity of the test results with the Tollmien’s theory at the axial locations of 

8cm, 12cm, 16cm, 20cm are shown in Fig. 4. The recommended coefficients for “a” (Table 1) 

concerning the spread of the single phase jet are 0.066, 0.070 and 0.076 (Abramovich, 1963). From 

our comparisons, however, the velocity distribution with these values of the a-coefficient does not 

agree with the test results well as shown in Fig. 4, whereas the theory’s solutions predicted well the 

test results if the coefficient of 0.082 is used instead. This may mean that the extent of the radial 

spread of the turbulent jet induced by the steam condensation is about 10 ~ 25% larger than that of a 

single phase jet due to the effect of an entrainment and the expansion phenomena.  
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Fig. 3: Comparison of the Measured Velocity at the Centerline with the Tollmien’s Theory  

 

 

Measurement variable Number Uncertainty (%) 

Temperature 15 ± 0.7  

Static pressure 2 ± 0.05 

Volumetric flow 1 ± 1.35  

Velocity (Pitot tube) 1 ± 2.0 
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Fig. 4: Comparison of the Measured Velocity in the Radial Direction with the Tollmien’s Theory 

(a=0.066, 0.07, 0.076, 0.082, Φ=y/ax) 
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Fig. 5: Comparison of the Measured Temperatures in the Radial Direction with the Tollmien’s Theory 

(Average T∞ of Case1 ~ Case5 = 15.7℃, 27.8℃, 31.7℃, 36.8℃ and 39.3℃) 
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The normalized temperature distribution along the radial direction of the test results and Tollmien’s 

theory by varying the coefficient of “a” at the axial locations of 8cm, 12cm, 16cm and 20cm are 

shown in Fig. 4. At 8cm, the predicted values by the Tollmien’s theory with “a = 0.082” agreed well 

with the test data, but the predicted value by the Tollmien’s theory at 12cm, 16cm and 20cm are 

located lower than the test data. It can be deduced that these differences may be caused by using the 

increased values of the average pool water temperature (T∞) which has been used in the normalization 

process of the test data along the radial direction at the same axial location. In the experiments, the 

temperature difference, △Tm (=Tm - T∞), measured at the centerline is decreased due to an increase of 

the average T∞ when compared to the instant temperature of T∞ measured at the jet centerline. In the 

case of the local temperature difference of △T (=T(x,y)-T∞), a reverse situation happens. This effect is 

clearly shown in the temperature results at 16cm and 20cm because the temperature difference 

between the measured data at the radial direction and pool water is smaller than that of 8cm. It is 

expected that the dimensionless temperature distributions at 12cm, 16cm and 20cm agree well with 

those values by the Tollmien’s theory when using a constant value for a pool water temperature, 

because the comparison of the velocity results at those axial locations shows a good agreement. 

When using the Tollmien’s theory with the value of 0.082 for the coefficient of “a”, the velocity and 

the temperature distribution of the turbulent jet in the radial direction along the axial location can be 

obtained. However, the maximum velocity (Um) along the centerline of the turbulent jet by the 

Tollmien’s theory can not be obtained because of the steam condensation phenomenon. In this region, 

the condensed water velocity at the downstream part is less than 5% that of the steam velocity at the 

upstream part, because the water density is about 1,000 times larger than that of the steam. Therefore, 

a correlation to predict the maximum velocity at a jet centerline is proposed like as Eq. (1) with the 

help of a previous one and the test data (Tin, 1983; Choi et al., 2007). The error of this correlation is 

less than ±10%. 

In Eq. (1), “yc” is the characteristic length in the radial direction from the centerline to the location at 

50% of the Um. In general, yc is dependent on the axial distance from the jet discharge nozzle in a 

single phase jet, whereas yc of the turbulent jet induced by a steam condensation may vary depending 

on the condition of the steam properties and the pool water temperature. Thus, a new variable of “x-L” 

of which the physical meaning is the length from the end of the steam jet penetration length (L) (Kim, 

2001) to the measured location along the axial location is introduced to account for the variation of the 

mass flux of the steam jet and the temperature of the tank water. The correlation for the yc  (Eq. (2)) 
using the new variable was developed with an error of ±10% based on the test results (Kang et al., 

2008) And a correlation for the maximum temperature (Eq. (3)) at the jet centerline, based simply on 

the test results, was also proposed and the error of this correlation was about ±20%. 

   (1) 

  (2) 

  
  (3)

  

The correlations for the velocity and the temperature of the turbulent jet at the centerline were 

developed based on our measured data at the axial locations of only 8~20cm from the exit of the steam 

discharge hole. To use these correlations at other regions, a supplementary test should be performed, 

and the correlations should be validated against the test results. However, if the pitot tube-TC spool 

moves closer to the throat of a discharging hole to measure the velocity and temperature, the turbulent 

jet may be disturbed. Therefore, the CFD method was introduced in this study to help the validation 

work for the extension of the applicable range of the correlations of turbulent jet. 

0.11( ) 0.3cy x L d= − +

( ) [ ]0.36( ) 1.8cymT x L
e x L d

T

−

∞

−
= − +
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4.   CFD ANALYSIS 

 

4.1 Modelling Strategy and Grid Model  

CFD codes can be used as tools to assist the development of the correlations to predict the velocity and 

temperature of a turbulent water jet produced by condensing steam jet discharged into a water pool. 

The test case selected for the CFD validation is the case-3 in Table 2. First of all, the local velocity 

distributions at the axial location of 8 ~ 12cm were carefully compared with the test results before the 

temperature comparison and the Tollmien’s theory with a coefficient of “a = 0.082” because the heat 

transfer enhancement due to the turbulence effect is calculated based on the velocity results by the 

Reynolds analogy concept implemented in the CFX-11. According to the previous CFD analysis 

results (Kang & Song, 2008) and the best practice guidelines (OECD/NEA, 2007), it was observed 

that the prediction of turbulent jet behaviour in the subcooled water pool is mainly dependent on the 

mesh distribution, the discretization method of the convection term and the turbulent model. Therefore, 

a sensitivity calculation by considering these factors has been performed to evaluate the uncertainty of 

CFD analysis results. 

 

The CFD analysis for the turbulent jet considered in our experiments has to be made as a transient 

state because a local thermal mixing pattern of the pool water is proportional to the discharged time of 

a steam jet. However, it is difficult to simulate a whole steam discharging time in the test, and the local 

velocity and temperature behaviour at 8 ~ 16cm may be less dependent on the steam discharging time. 

A transient calculation of 10 seconds with a time step of 0.001 second has been performed. A denser 

cells distribution inside the jet boundary is usually recommended to obtain a well converged solution 

of the jet flow in a CFD analysis (Kang & Song, 2008; Yoon & Park, 2007). Therefore, the axi-

symmetric grid model with a fine mesh distribution (Fig. 6) was introduced because the turbulent jet 

behaviour may be axi-symmetric with regard to the center of the single-hole, and this model can save 

the computational time. In the grid model, the flow region (Fig. 6 “B”) from the single-hole to the 

axial location of 8cm with a diameter of 4cm in the radial direction inside the steam and turbulent jet 

boundary has been excluded from the computational domain to start the CFD calculation from the 

turbulent jet at the 8 cm, and instead the inlet condition is provided from the test data and the 

Tollmien’s theory at 8cm. The purpose of this modeling is first to evaluate the CFD results against the 

test results at the axial locations from 8 to 16cm before applying the CFD calculation into other 

regions in the whole region of water pool. In order to evaluate the uncertainty of CFD results due to 

the mesh distribution, the sensitivity calculation was set up as in Table 4 including a numerical model 

of the convection term, a turbulent model and an entrainment model (Kang & Song, 2008). 

  

                                                  
 

Fig. 6:  Axis-Symmetric Grid Model 

Axial (x) 

Radial (y) 

900 mm 

2,000 mm 

180 mm 
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inlet 
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(700 mm) 
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Table 4:  CFD Sensitivity Calculation Conditions  

 Cell Dimension 

In Region A 

Total Number 

of Cells 

Convection Term 

Discretization 

Turbulent 

Model 

Entrainment Model 
(Kang & Song, 2008) 

Case-1 △x = △y = 2.5 mm / cell 59,392 High Resolution SST No 

Case-2 △x = △y = 5.0 mm / cell 29,216 High Resolution SST No 

Case-3 △x = △y = 2.5 mm / cell 59,392 Upwind SST No 

Case-4 △x = △y = 2.5 mm / cell 59,392 High Resolution k-ε No 

Case-5 △x = △y = 2.5 mm / cell 59,392 High Resolution SST Yes 

� Standard wall function was used for all Cases. 

� Except region A, other region is △x = △y = 10.0 mm / cell or △x =10.0, △y = 2.5 (5.0)  mm / cell 

 

 

4.2 Boundary Conditions and Governing Equations 

 
The inlet boundary condition (ANSYS, 2007), the Dirichlet condition, was set at the axial location of 

8cm with a length of 4cm in the radial direction (Fig. 6) with the velocity and temperature distribution 

as shown in Fig. 7. The values of the turbulent properties at the inlet were set as 10% of intensity 

because the eddy motions are very actively generated when the steam jet is discharged through holes. 

The pressure outlet boundary condition (ANSYS, 2007), the Neumann condition, was set for the pool 

upper region, which only allows an outflow of air. A symmetry condition was applied to the center of 

the sparger.  
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Fig. 7:  Inlet Boundary Conditions 

 
Thermal mixing phenomenon in the subcooled water pool was treated as an incompressible flow, a 

free air surface over the pool water, a turbulent flow, and a buoyancy flow. Therefore, the governing 

equations used in this study are the Navier-Stokes and energy equations with a homogenous multi-

fluid model under a coupled algorithm (ANSYS, 2007). The turbulent flow is simulated by the 

standard k-ε turbulent model (Eq. (4)~(6))  and the shear stress transport (Eq. (7)~(9)), and the 

buoyancy is modelled by the Boussinesq approximation. As for the numerical model for the 

convection term, the first-order upwind (β=0 in Eq. (10)) and the high resolution model are used (β=1 

in Eq. (10)). In the homogenous model, the inter-phase mass and heat transfer is neglected. Each 

transport quantity in the governing equations except for the volume fraction is summed over all the 

phases to provide a single transport quantity. As a calculation method, 10 iterations are performed 

with a time step of 0.001 seconds until the mass, enthalpy, and velocity residual of the water reach 

below a value of 1.0E-04, except for the enthalpy of the Case-2.  

               (4) 

               (5) 
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                            (8)

            

           

                                       (9)

            

                              (10)

                                                                     

4.3 Discussion on the CFD Results 

The time dependency of the CFD results should be checked before comparing the CFD results of the 

transient state with the test results of the quasi-steady state. The velocity, temperature and the 

normalized velocity distribution in the radial and axial directions of the Case-1 at 7sec, 8sec, 9sec and 

10sec are shown in Fig. 8. From the CFD results shown in Fig. 8, it is observed that the local 

phenomena at the region between the inlet and the pool wall do not depend on the simulation time 

except the average temperature of the pool water. And the turbulent jet discharged from the inlet 

propagates until a half length of the radius of the pool and then slightly moved upward due to a 

buoyancy force and the circulation flow developed at the bottom region. The comparison of the 

normalized velocity distribution along the radial direction at the axial locations of 12cm and 16cm also 

shows that the time dependency could be neglected. Therefore, the CFD results at 10 seconds have 

been selected for the comparison with the test results. 
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Fig. 8:  Velocity, Temperature and Velocity Distribution of the Case-1 at 7, 8, 9 and 10 sec. 
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The CFD sensitivity results show that the velocity difference in the radial direction (Fig. 9 (a)) due to 

the mesh distribution, the numerical model for the convection term and the turbulent model is less than 

5%. This may come from the fact that the location for the comparison of the CFD results is the region 

at the front of the tank wall where the flow direction has not changed yet due to a collision effect. 

However, a velocity difference of 30 ~ 40% has been found when comparing the CFD results with the 

test results at the same location (Fig. 9 (a)). This may be caused by the circulation flow developed 

around the turbulent jet (Fig. 10, A) which reduces the momentum diffusion in the radial direction, 

and also the lower velocity parts at the top (Fig. 10, B) and the bottom (Fig. 9, C) on the inlet region 

are moved to a higher velocity part at the center region (Fig. 9, D).  This over-predicted circulation 

flow is also found in the result for the Case-5.  
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Fig. 9:  Comparison of the CFD results with the Test Results 

(a) Velocity Comparison of the CFD Results with the Test Results at 12cm and 16cm 

(b) Temperature Comparison of the CFD Results with the Test Results at 12cm and 16cm 

(c) Velocity and Temp. Comparison of the CFD Results with the Test Results at Jet Centerline 
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Fig. 10:  Velocity Profile around the Turbulent Jet 

 

According to the comparison of temperature (Fig. 9 (b)), the CFD results also do not predict the test 

data well because the turbulent temperature field is calculated from the velocity results by using the 

turbulent Prandtl number (ANSYS, 2007). In regards to the curve shape (Fig. 9 (a) and (b)), the curve 

shape of the temperature results is almost similar to the velocity results in the CFD analysis, whereas 

the temperature shapes of the Tollmien’s theory (Fig. 1, (b)) is different from that of the velocity due 

to the effect of the square root (Table 1). It is concluded that a careful investigation is necessary to find 

the reason for this difference. The velocity and temperature along the jet centerline in the CFD results 

are slowly decayed when compared with the test results. This may also be caused by the reduced 

transfer of the momentum and energy due to the over-predicted circulation flow in the radial direction 

which may give rise to a slow decay of the momentum and energy along the axial direction. 

 

5.   CONCLUSION AND FURTHER WORK 

 
When a condensing the steam jet is discharged into a subcooled water pool to form a turbulent jet, the 

macroscopic behaviors of the turbulent jet such as local velocity and temperature distribution is very 

important. In this study, a CFD analysis of the turbulent jet behavior was investigated to develop the 

relevant correlations based on its comparison with experimental data. Since the measured range of the 

velocity and temperature was limited for some practical reasons, the CFD analysis was used to 

generate the velocity and temperature data at the unmeasured region. As for the first step toward the 

prediction of overall flow circulation behavior in a condensing pool, the validation work using a 

commercial code, CFX-11, including the sensitivity analysis was performed against the test results. 

The sensitivity results of the CFD analysis show that a small difference is observed in the CFD 

analysis due to a simple flow structure, whereas a large difference between the CFD results and the 

test results led wrongly predicted location and magnitude of flow circulation, which may reduce the 

moment and energy transfer in the radial direction and also may slow down the decay in the axial 

direction. For investigating thoroughly this kind of discrepancies between the analysis and tests, new 

efforts of experiment and CFD analysis have been recently made for the circulation phenomena to be 

occurred due to the steam discharge in a subcooled water pool in KAERI. 
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NOMENCLATURE 

Um  : maximum velocity at the jet centreline [m/s] 
Uo  : steam velocity at the exit of steam nozzle [m/s] 
△Tm : temperature difference of steam and jet at the centreline (=Tm-T∞) 

Turbulent Jet Inlet 

A 
B 

C 

D 
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△T  : temperature difference of steam and jet at the arbitrary location (=T(x,y)-T∞) 
T∞  : temperature of the tank water [℃] 
d  : diameter of the single-hole on the sparger [cm] 
yc  : radial characteristic length from the centreline to the location of 0.5Um [cm] 
L  : steam penetration length [cm] 
 
Subscript 
l  : fluid 
v  : steam 
∞ : ambient state in the subcooled water 
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Abstract 
 
This experimental research is on the fluid-dynamic features produced by a steam injection into a 
subcooled water pool. The relevant phenomena could often be encountered in a water cooled nuclear 
reactor. Two major topics, the turbulent jet and internal circulation produced by a steam injection, 
were investigated separately using a particle image velocimetry (PIV) as a non-intrusive optical 
measurement technique. The results of the turbulent jet experiments (under the unconfined and upward 
discharging conditions) provided the parametric values quantitatively for describing a turbulent jet 
such as the self-similar velocity profile, central velocity decay, spreading rate, etc. On the other hand, 
for the internal circulation (under the confined and downward discharging conditions) produced by a 
steam injection, the typical flow patterns of the whole pool region were measured and these results 
show some useful information. Physical domains of both experiments have a 2-D axially symmetry 
geometry and the boundary and initial conditions which can be readily and well defined. Moreover, 
the quantitative data of this research would be used as benchmarking data for a CFD simulation of the 
relevant phenomena. 

1. INTRODUCTION 
Direct Contact Condensation (DCC) may be regarded as an inevitable phenomenon in a water cooled 
nuclear reactor. In the design of the APR 1400, the In-containment Refueling Water Storage Tank 
(IRWST) is equipped to take precautions against an emergent accident, such as a Loss of Coolant 
Accident (LOCA). A large amount of steam generated during these accidents is blown down into the 
subcooled water in the IRWST. At this time, a very effective heat and mass transfer through the DCC 
between the hot steam and the subcooled water occurs. Many large and small scale experiments to 
investigate the thermo-hydraulic characteristics in this circumstance have been conducted (Weimer, 
1973, Kim, 1997 and Cho, 1998). Most studies have, however, focused on a steam jet oscillation, 
shape, length and condensational heat transfer. In addition, these experimental researches have only 
been interested in the steam plume characteristics.  
General characteristics of free shear single phase jets are already explained well in many 
textbooks(Pope, 2000) and open literatures. However, a lack of studies about the steam-induced 
turbulent jet flow exists. The turbulent jet produced by a steam injection is an important topic because 
the effectiveness of a thermal mixing in a pool and the safety concerns of circumferential structures 
are dominated by the overall features of this steam-induced turbulent jet. Kim and Youn(2008) 
measured the velocity distribution of a condensed turbulent jet by a single hole sparger using a point-
wise Pitot tube and compared the measured velocity profiles with theoretical models. Even though 
their results have provided the information about the mixing characteristics of a steam injection, they 
were, however, limited to a local measuring technique. Wissen et al. (2005) firstly measured the 
characteristics of a turbulent jet from a ring-shaped orifice using PIV and presented a detailed 
comparative dataset. However, their results are valid only for their specific type of orifice. On the 
other hand, few researchers (Kang, 2007, Gamble, 2001) have tried to simulate the overall pool 
mixing phenomena using computational fluid dynamics (CFD). CFD has been a useful tool in a 
practical sense in many industrial field as well as nuclear engineering. Simultaneously, CFD analysis 
contends with different types of errors (e.g. numerical, model, user and etc) so that an verification with 
a credible experimental value is strongly recommended to ensure a correct implementation of all 
numerical and physical models in the CFD method. Nevertheless, it is a fact that there is a lack of 



proper experimental data for a steam-induced turbulent jet or pool mixing phenomena.  
The present experimental study will deal with two major topics: the turbulent jet and the pool mixing 
produced by a steam injection, and introduce a benchmarking data set for a numerical simulation of 
the relevant problems.  

2. EXPERIMENTAL FACILITY 
The experimental facility, JICO (abbreviation of Jet Injection and Condensation), used in this research 
is shown in Fig. 1. The JICO was designed as a simple and multipurpose facility, in which the various 
jets and pool mixing phenomena, e.g. condensing jet, single or two phase jet, plunging jet and pool 
mixing driven by jet, can be realized. All directions are optically accessible through transparent 
windows (acrylic material), so that non-intrusive optical measurement techniques such as PIV LDV, 
etc. as well as a visualization can be applicable in principal. Moreover, alternative choice of an upward 
or downward injection of a jet and a replaceability of a nozzle allow for various tests to be performed. 
Three main parts of the JICO are the test section, the steam generator and the measurement unit (PIV). 
The PIV measurement system will be explained later in Section 4 and the remaining parts are as 
follows. Test section is divided into 1) an inner cylinder (an inner diameter of 0.78 m and a height of 2 
m) as a real interest domain and 2) an outer square tank (a square cross section of 1 m × 1m and a 
height of 1.8 m) as an auxiliary part 3) injection nozzle. Two overflow lines (ø = 50 mm) maintain 
constantly the water level in the inner cylinder by a height of 1825 mm roughly. The outer square tank 
has two functions to eliminate an optical distortion and to minimize a heat loss through the cylinder 
wall. Three thermocouples are installed into the inner cylinder wall to measure the temperature of the 
pool water. Maximum operating pressure and temperature of the test section are an ambient pressure 
and 70 oC. Steam generator has a maximum steam generation rate of 0.023 kg/sec, a maximum 
operating pressure of 10 kPa and a feeding system for a continuous operation. Water storage tank has a 
capacity of about 0.5 m3 and an immersion electrical heater of 12 kW. Before the water in the storage 
tank is fed into the steam generator, it is pre-heated for the sake of a degassing. 
In the case of the turbulent jet experiment, the steam nozzle is installed at the bottom plate with an 
upward-facing direction. On the other hand, in the pool mixing experiment, one is held with fore arms 
in the air with a downward-facing direction respectively. The detailed dimensions and shape of a 
nozzle are shown in Fig. 2. In order to avoid a complex geometry of a nozzle shape, the steam nozzle 
has a single hole with a sharp edge and a straight flow channel. In order to minimize the pressure drop 
and to develop a velocity profile completely at a nozzle exit, a gradually-converged type of a nozzle 
flow channel is adopted. In addition, the insulation tube enveloped on the nozzle outside surface 
makes it possible to minimize the heat loss though the submerged part of the steam nozzle. Steam 
temperature and pressure are measured at the inlet part of the nozzle.  

3. DISCRIPTION OF PROBLMES  
3.1 Turbulent jet  
From a practical viewpoint of the V&V of a CFD, it is a matter of course that the measured results for 
a simple domain are more proper. The present subject is, therefore, on the assumption of a 2D-
axisymmetric one as a spatial domain and a steady-state one as a dynamic equilibrium. Figure 3(a) 
shows the schematic description of the geometrical conditions of the target domain in the case of the 
turbulent jet experiment. The nozzle is installed vertically at the bottom so that the jet axis collapses 
with the axisymmetric line of the target domain. As a matter of convenience, a wall condition can be 
assumed as an adiabatic condition; the actual heat loss through the wall and water surface is negligible 
during the test.  
Water surface is constantly maintained at a 1825 mm height by an overflow hole. The radial width 
from the jet axis to the wall boundary is 390 mm, i.e. the ratio of the radial distance from the nozzle 
center to the wall to nozzle exit diameter (D/d) is 156, so that we can assume an unconfined condition. 
The initial velocity profile at the nozzle exit can be regarded as a fully developed condition because of 
the straightly elongated flow channel (L/d = 20).  
Since the supplied steam mass flux is small compared with the total amount of the pool water and the 
strength of the current through the overflow hole is weak, therefore, the influence of the free surface 



on the nature of the turbulent jet itself can be ignored. Test matrix for the turbulent jet experiments is 
shown in Table 1. 

3.2 Pool mixing  
During the blowdown period of a LOCA, steam or high-energy liquid is discharged into the 
suppression pool and a strong thermo-hydraulic mixing process is consequently generated in the pool. 
In a real suppression pool, the radial injection direction and the multi-hole sparger make the flow 
nature asymmetric and transient; it means that it’s difficult to simulate and measure a real situation. 
Moreover, even if it is possible, the real complex situation would increase the uncertainty of the 
measurement results as well as the numerical simulation. For these reasons, pool mixing experiments 
were carried out with simple cases for the turbulent jet experiments. Differences for the turbulent jet 
experiment are the jet injection direction and the free surface level. A vertical-downward injection 
when compared with upward one is more advantageous for inducing a strong internal circulating flow 
just like the impinging jet. The level of the free surface is 850 mm in height and the steam nozzle is 
immersed at about 60 mm in depth. From a visual observation in this condition, the free surface is still 
at this height. Test matrix for the pool mixing experiments is also shown in Table 1. 

 
Fig 1: JICO experimental facility  

 

 
Fig 2: Steam nozzle (all unit is in millimeter). 
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Fig 3: Geometrical description of the experiment (turbulent jet and pool mixing) 
 

Table 1: Test Matrix for the turbulent jet and pool mixing experiments 
 

Experiments Test I.D. Mass flux 
Kg/m2s 

Steam Temp. 
oC 

Nozzle Pres. 
kPa 

Pool Temp. 
oC 

M300T30 300.28 137.64 205.67 30.09 
M300T60 300.06 137.52 204.13 60.01 
M450T30 450.89 151.92 356.66 30.10 
M450T40 450.72 151.96 356.60 40.14 
M450T50 450.05 151.96 357.32 50.14 
M450T60 451.45 151.85 356.80 59.97 
M650T30 648.39 166.98 574.56 30.33 

Turbulent 
Steam Jet 

M650T30 647.42 166.75 572.02 60.04 
M300T45 300.81 135.95 204.12 45.10 
M450T45 449.22 151.88 357.20 45.67 Pool Mixing 
M650T45 650.77 165.12 571.86 44.96 

 

3. MEASUREMENT TECHNIQUE AND UNCERTAINTY ANALYSIS  
3.1 PIV technique 
In the present research, PIV technique is used to measure the velocity filed of a turbulent jet and a pool 
mixing driven by a steam injection. In recent years, the PIV measurement technique has shown 
promise in fluid flow researches and has been used very extensively for velocity field measurements in 
particular due to its a non-intrusive capability. A typical PIV system comprised of two systems i.e. 
image capture and image analysis, was used. In the image capture system, the light source is a double-
head Nd-YAG laser (Continuum) operated at a frequency of 10 Hz and a power of 200 mJ per pulse at 
λ=532 nm. MegaPlus ES1.0 PIV camera (1018 × 1008 pixels) operated in a triggered double exposure 



mode is coupled with 60 mm Nikon microlens. With this system, two paired-instantaneous particle 
images are stored in a synchronized PIV processor (PIV 2100, Dantec Inc.) and transferred to a PC. 
Small non-condensable bubbles (10~100 μm) could be incidentally used as tracer particles. In the 
condensation process of a steam plume, the production of non-condensable gas bubbles is almost 
unavoidable. Nevertheless, it was judged that these bubbles are enough to follow a jet flow with a high 
momentum. However, since local zones could exist where even the small bubbles can’t represent the 
liquid phase current, this non-condensable gas bubble couldn’t be used as a tracer in the pool mixing 
experiment. Therefore, fluorescent solid tracer particles (Dantec Inc. FPP-RhB-35, 20~50 μm) are 
dispersed into the pool in the pool mixing experiment, contrary to the turbulent jet experiment. The 
signals scatted from fluorescent particles can be imaged through a narrow band pass filter attached to a 
lens. 
In the stage of an image analysis, Adoptive Cross Correlation (ACC) would be a more useful 
algorithm in the case of measuring the velocity for the free shear layer, in which a larger velocity 
gradient inside an observation area can exist and introduce the possibility of an erroneous calculation 
and/or under-estimation. For this reason, two steps of an ACC are adopted in this research. The initial 
interrogation widow is 64 × 64 pixels and then the refinement process is conducted at 32 × 32 pixels 
over 2 steps. 
The measuring strategies of both experiments are shown schematically in Figure 4. The measuring 
field of view of the PIV camera in the turbulent jet and pool mixing experiments are 100 × 100 mm 
and 400 × 400 mm respectively. In the turbulent jet experiment, one camera scans the target area along 
axial direction of the jet from the nozzle exit to far downstream (z/d ≈ 0 to 100) over 6 intervals. In the 
pool mixing experiment, two horizontally-mounted cameras simultaneously capture the particles 
image of the whole test section.  
In the region of the steam plume and the dense non-condensable gases at the near field of the nozzle 
exit (over 70~90 mm from the nozzle exit), i.e. at the lower right part of region 1 in Figure 4(a) and 
the upper left part in Figure 4(b), a measurement of the velocity is difficult and if possible the result 
would be unreliable. Figure 5 shows the typical images captured in both experiments. As shown in the 
image of region 1, a separated particle’s signal cannot be observed. Along the downstream, the 
moderate density of the bubble scattering allows for an efficient vector calculation. In the case of the 
pool mixing experiment, two cameras cover the entire internal region of the test section as shown in 
Figure 5 (b).  
 
 

         
(a) Turbulent jet experiment       (b) Pool mixing experiment 

 
Fig 4: Schematic representation of the PIV measurement  

 



 
 

   
 
 
 
 
 
 
 
 
 
 
 
 
 

a) Turbulent jet experiment     b) Pool mixing experiment  
 

Fig 5: Typical PIV images  

3.2 Error analysis 
Uncertainties of the velocity measurement and experimental parameters are presented below according 
to the ISO GUM Guide.  

Temperature  

Three K-type thermocouples and one K-type thermocouple (WATLOW Inc.) are employed for the 
pool temperature at three vertical places and the steam temperature at the nozzle exit respectively. 
Type B uncertainties of each error source are estimated as follows; K-type thermocouple: 0.8 oC, 
compensation cable: 1.1 oC and DMM: 1.0 oC. An extended uncertainty of the temperature was ±1.910 
oC in 95 % confidence level (k-factor 1.96).  

Mass Flux 

Steam mass flux injected by a nozzle is measured by a Vortex-type mass flowmeter (OVAL, EX 
DELTA) which has an accuracy of ±1% of a reading value. Including the uncertainties of the DMM 
(0.0035% of a reading and 0.0005 % of a span) and the voltage converter (0.1 % of reading), an 
extended uncertainty of the steam mass flux was ±3.196 kg/m2s at a 95 % confidence level (k-factor 
1.96). 

Pressure 

Uncertainty of the nozzle exit pressure measured by the pressure senor (Rosemount 3051S, 0.15 % of 
span) was estimated as ±3.127 kPa at a 95 % confidence level (k-factor 1.96). 

Velocity by tthe PIV technique 

The bias error of the instantaneous velocity vector measured by the PIV technique is combined with 
two major errors due to the timing interval and the peak displacement detected during the correlation 
calculation. Typically, a FFT based correlation algorithm has an accuracy from about 0.25 to 0.1 pixels. 
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While on the other, the time interval error can be considered to be negligible. Another source of an 
uncertainty that can occur in an experiment is one induced by distorted images which result from a 
local temperature gradient, that is, a non-uniform refractive index. Such an undesirable effect is, 
however, not so dominant. Temperature of the steam condensate decreases rapidly due to a thermal 
mixing with a high subcooled water. Actually, except for directly downstream of the steam nozzle, the 
maximum temperature difference is within a few degrees, so that this effect on the uncertainty could 
be insignificant. Consequently the uncertainty of the instantaneous velocity is conservatively 1 % of 
an absolute value with a consideration of the other uncertainty elements such as the scaling factor 
between the image and real dimensions, an optical distortion of the observation window, etc. Finally, if 
an additional random error by averaging the instantaneous velocities (300~800 samples) is considered 
together with two sigma (2σ), the total uncertainty of the velocity could be approximately 1.7 % ~ 
2.5 % of an absolute value.  

4. RESULT AND DISCUSSION 
As mentioned before, the present experimental study was carried out on the hydraulic characteristics 
of a turbulent jet and a pool mixing driven by a steam injection. The results of these two topics 
(Section 4.1: Turbulent jet driven by steam injection and Section 4.2: Internal circulation in a confined 
pool) will be discussed in this section.  

4.1 Turbulent jet driven by steam injection 
Analytical and experimental approaches for the mean quantities of free shear flows have been 
established comparatively well as far as a single phase jet, i.e. air to air and liquid to liquid is 
considered. Unlike the single phase jet, it is true that further researches on a steam-driven turbulent jet 
with a condensation process, as in this research, is required. Therefore, it is expected that the results 
described in this section could be used in the related researches, as well as in the validation of a CFD 
simulation.  

4.1.1 The instantaneous and mean velocity field 
The typical instantaneous velocity vectors and magnitude contours between z/d = 36 and 55, i.e. in 
region 2 in Fig. 4(a), are presented in Fig. 6(a). The inherent oscillating manner of the jet is clearly 
shown, reflecting the feature of an entrainment of the jet and its interaction with the ambient water. 
Evidently as well, the highest velocity contours occur in the central region. On the other hand, the 
mean velocity (Fig. 6(b)) shows clear profiles. In practice, some physical assumptions as for a free 
shear layer (jet, wake and simple shear layer) allow for the turbulent flow to be transformed into a 
mathematically analyzable form. Also in the steam-driven turbulent jet, the theoretical description of 
the mean flow characteristics of the single phase turbulent jet can be compatible. Consequently the 
mean flow features of the turbulent jet are regarded as a useful tool for characterizing a turbulent jet. 
Based on it, our experimental results will be analyzed and adjusted.  
Fig. 7 shows the entire vector filed which is measured and integrated by means of scanning the target 
region over 6 intervals. This is, in appearance, similar as the single phase turbulent jet. Actual 
measured region is to z/d = 100 in all cases of the turbulent jets experiment. It is clearly observed that 
the central velocities are decayed due to the turbulent dissipation and the velocity profiles are spread to 
the extent of rate at which the shear layer grows laterally with the axial distance. 

4.1.2 Self-similarity 
The concept of a self-similarity (or self-preservation) implies that the flow has reached a dynamic 
equilibrium or asymptotic state in which the mean and higher-order moments evolve together 
(Townsend 1976). Typically, self-similar quantities are represented by scaled dependent variables and 
show a universal aspect over a fully developed region. Two general characteristic scales are the mean 
centerline maximum velocity, UC(z)=U(z,0), and a jet’s half width r1/2 in a round shear jet. In addition, 
since a jet’s half width is dependent on (z-z0), r/(z-z0) can be an alternate cross-stream scale. 
Consequently the cross-stream similarity variable can be taken to be either  
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(a)                                    (b) 

Fig 6: Typical instantaneous and averaged velocity vectors and contours of their magnitudes 
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 (a)                         (b) 

Fig 7: Overall velocity pattern of M300T60 and M650T60 
 
Here, z0 is the virtual origin. Measurements of single-phase jets indicate that in the far field centerline 
velocity UC is inversely proportional to the distance: 
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with C a coefficient determined by an experimental value. Since a jet’s momentum induced by steam 
injection can affect the safety of submerged structures, the central line velocity decay rate is a key 
feature of the steam-induced turbulent jet. Fig. 8 shows the development of the mean center-line 
velocity as a function of the distance from the nozzle. From these result, a coefficient C and virtual 
origin z0 can be determined. Next the mean axial velocity normalized by the centerline velocity, U/UC 



is plotted versus the dimensionless radial coordinate, η  in Fig. 9. Generally, a Gaussian profile can 
be fitted accurately with experimental data; 
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The collapse of all the measurements for the single fitting profile reflects that a jet has a good self-
similar feature. Another coefficient of the spreading rate, S, is defined as follows; 
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All the fitted coefficients mentioned above are summarized in Table 2. The coefficient C is strongly 
dependant on the mass flux, i.e. it increases with the mass flux. In contrast to most previous results in 
the literature on single phase/non-condensing jets, the virtual origin z0 for this condensing jet is always 
negative. Actually, the steam plume near the exit of the nozzle has a particular shape, differing from a 
single phase jet, and a strong driving force and phase change of the steam could influence the near 
field condition of the jet. The difference in the virtual origin from a single phase jet results from the 
inherent nature of the steam-driven turbulent jet. Almost the same spreading rates as a single 
phase/non-condensing jet, about 0.097, were found to be between 0.090~ 0.098. It means that the 
spreading rate exhibits the tendency of the a dependency on the source of a momentum. These results 
are consistent with those by Wissen et al (2005).  
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Fig. 8: The centerline velocity as a function of the distance to the steam nozzle 
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Fig. 9: The self-similar profile of the mean axial velocity in the  

 



Table 2. Fitted coefficients of self-similar turbulent flow for all test matrix  
(95% confidence interval within parentheses) 

 
Test I.D. C z0 K S 

M300T30 457.1 (446.3 ~ 467.8) -13.10 (-18.630 ~ -7.571) 86.0157 0.0898 
M300T60 460.2 (454.9 ~ 465.5) -15.40 (-18.150 ~ -12.650) 84.4252 0.0906 
M450T30 586.7 (578.2 ~ 595.3) -8.535 (-11.890 ~ -5.179) 79.3095 0.0935 
M450T40 580.8 (573.9 ~ 587.7) -2.583 (-5.211 ~ 0.045) 82.8969 0.0914 
M450T50 587.2 (583.1 ~ 591.4) -3.768 (-5.348 ~ -2.188) 81.8818 0.0920 
M450T60 596.5 (587.0 ~ 606.0) -12.42 (-16.170 ~ -8.678) 72.3851 0.0979 
M650T30 716.1 (706.6 ~ 725.6) -5.075 (-8.075 ~ -2.093) 78.8375 0.0938 
M650T60 720.1 (711.0 ~ 729.2) -2.943 (-5.745 ~ -0.140) 74.9832 0.0961 

 

4.2 Internal circulation driven by steam injection 
Turbulent jet which was strongly induced by a steam injection entrains the surrounding water and 
creates an internal circulation pattern within a pool; it leads to a mixing of the pool contents. Fig. 8 
demonstrates that a coherent circulating flow pattern is created by the steam injection. As expected, 
stronger internal driving flows can be observed with an increasing mass flux. Key feature of the 
internal flow pattern in the pool mixing is the location of the center of the recirculation and the 
existence of a secondary flow. For all the tests, the eye of a strong recirculation was placed at the 
bottom right-hand corner. With an increasing mass flux, the eye of the recirculation was moved 
upward by the relatively strong entrainment and a bouncing flow (Fig. 9). Moreover, an apparent 
secondary flow appeared for the result of a mass flux at 650 kg/m2s. It is caused by the stronger 
bouncing flow along the right wall which tows the comparatively still water at the upper right region.  
 

 
Fig. 8: Internal circulation pattern and velocity field for mass flux of 300, 450 and 650 kg/m2s with a 
pool water temperature of 45 oC. 
 

5. CONCLUSION 
Experimental studies on a turbulent jet and a pool mixing pattern produced by a steam injection were 
conducted separately using the PIV measurement technique. Self-similar features of the turbulent jet 
within the axially symmetric test domain were measured in detail and the fitted coefficients are 
presented for all test matrices. Internal circulation pattern for the injected steam mass flux was 
measured over the whole test domain. The experiment results of both topics revealed the detailed 



 

 
Fig. 9: Stream pattern for the same case of Fig. 8 

 
velocity structures quantitatively and could be used as the benchmarking data for the validation of a 
CFD simulation of the relevant phenomena that appear in the nuclear reactor safety problems. 
 
ACKNOLEDGEMENT 
This work was financially supported for the Nuclear R&D Program from the Ministry of Science and 
Technology of Korea. The authors are sincerely gratefully for the financial support.  

REFERENCES 
H.S. Kang and C.H. Song, “CFD analysis for thermal mixing in a subcooled water tank under a high 

steam mass flux discharge condition”, Nuclear Engineering and Design, Vol. 238, pp. 492-501 
(2007). 

J.C. Weimer, G.M. Feath and D.R. Olson, “Penetration of vapor jets submerged in subcooled liquids”, 
AIChE Journal, Vol. 19, 552-558 (1973). 

R.E. Gamble, et al., “Pressure suppression pool mixing in passive advanced BWR plants”, Nuclear 
Engineering and Design, Vol. 204, pp. 321-336 (2001). 

R.J.E. van Wissen, et al., “Particle image velocimetry measurements of a steam-driven confined 
turbulent water jet”, J. Fluid Mech. Vol. 530, pp. 353-368 (2005). 

S. Cho, et al., “Experimental study on dynamic pressure pulse in direct contact condensation of steam 
discharging into subcooled water”, The 1st Korea-Japan Symposium on Nuclear Thermal 
Hydraulics and Safety (NTHAS98), Pusan, Korea, pp. 291-298 (1998). 

S.B. Pepe, “Turbulent Flows”, Cambridge University Press, New York, 2000. 
Y.S. Kim, et al., “An experimental investigation of direct condensation of steam jet in subcooled 

water”, Journal of the Korea Nuclear Society, Vol. 29, pp. 45-57 (1997). 
Y.S. Kim and Y.J. Youn, “Experimental study of turbulent jet induced by steam jet condensation 

through a hole in a water tank”, International Communications in Heat and Mass Transfer, Vol. 35, 
pp. 21-29 (2008). 



 1 

ON THE MODELLING OF BUBBLE ENTRAINMENT  

BY IMPINGING JETS IN CFD-SIMULATIONS 
 

M. Schmidtke, D. Lucas 
 

Forschungszentrum Dresden-Rossendorf, Germany 

P.O. Box 51 01 19,  01314 Dresden 

M.Schmidtke@fzd.de, D.Lucas@fzd.de 

 

 

Abstract This contribution presents different approaches for the modeling of air entrainment under 
water by plunging jets in CFD codes. In simulations which include the full length of the jet and its 
environment, the process of bubble generation can not be resolved due to computational limitations. 
This is why the air entrainment has to be modeled in meso-scale simulations. In the frame of an Euler-
Euler simulation, the local morphology of the phases has to be considered in the drag model. In the 
impinging jet configuration, the air is a continuous phase above the water level but bubbly below the 
water level. Various drag models are implemented in the CFD solver CFX11 and their influence on 
the gas void fraction below the water level is discussed. The algebraic interface area density (AIAD) 
model applies a drag coefficient for bubbles and a different drag coefficient for the free surface. If the 
AIAD model is used for the simulation of impinging jets, the gas entrainment depends on the free 
parameters included in this model. The calculated gas entrainment can be adapted via these 
parameters. Therefore, an advanced AIAD approach could be used in future for the implementation of 
models (e.g. correlations) for the gas entrainment.  

1.   INTRODUCTION 

The configuration of an impinging jet occurs in different scenarios of reactor safety analysis. In the 
scenario of an emergency core cooling (ECC) water is injected into the cold leg. Some loss of coolant 
accident scenarios assume that the cold leg pipe is only partially filled with hot water. In this case, the 
injected cold water impinges as a jet on the surface of the hot water. Depending on the velocity of the 
jet, steam bubbles may be entrained below the surface by the impinging jet. These bubbles contribute 
to heat exchanged and mixing of the fluids. Heat transfer between cold and hot water and mixing in 
the cold leg plays an important role since the mixed water enters the reactor pressure vessel and may 
cause high temperature gradients at the wall of the vessel. These gradients cause mechanical stress in 
the wall due to thermal shock, which can have a negative effect on the durability of the reactor vessel.  

An impinging jet may also occur, when an emergency coolant tank is filled up with water and 
the initial water level is below the inlet. Here the mixing of the injected water and the water in the tank 
is a point of interest if the temperatures or the boron concentrations are different. Another scenario for 
the occurrence of plunging jet phenomena can be found in the case of a break, when insulation 
material of components is released by the break. The fibrous material is transported into the reactor 
sump and might there perturb the core cooling system. During this situation the reactor sump is 
partially filled with water. The jet from the break impinges at the sump water surface and causes a 
fluid flow in the sump, which influences the transport of the fibrous insulation material towards the 
sump strainers. The gas entrainment and its influence on the fluid flow field and the transport of the 
fibrous insulation are of particular interest.  
 
The focus of the present study is the carry-under of gas below the surface by the impinging jet. Several 
phenomena contribute to this effect. These phenomena are located inside the nozzle (generation of 
turbulence, development of the velocity profile), along the free falling jet (surface instabilities such 
surface waves, surface roughness) and at the point of impact, where bubbles are produced or not 
depending on the structure and the velocity of the jet. 

The liquid flow inside the nozzle can be characterized by the liquid Reynolds number, based 
on the nozzle diameter. If the Reynolds number is low, the jet is laminar and a parabolic velocity 
profile develops inside cylindric nozzles. For high Reynolds numbers the jet is turbulent and the 
velocity profile is different. Only if the nozzle length l is large compared to the nozzle diameter d0 the 
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velocity profile is fully developed at the nozzle exit. This is why the ratio l/d0 affects the jet properties. 
After leaving the nozzle, the liquid does not experience the friction by the inner nozzle walls any 
more. Therefore a “relaxation” of the velocity profile starts. Below the nozzle the jet is surrounded by 
gas. So a free surface with a surface tension develops. The interaction of the jet with the gas can play 
an important role for the development of the jet.  

Sleuyter (2004) identifies four different types of jet structures: If the jet is laminar, small 
disturbances can cause surface waves with a wavelength larger than the nozzle circumference. These 
waves propagate downwards. If their amplitude increases during this propagation, they lead to a 
breakup of the jet into drops with a diameter similar to the nozzle diameter. This phenomenon has 
been described by Rayleigh (1879) in a stability analysis. Therefore Sleuyter calls this jet behavior 
“Rayleigh flow regime”. If the jet is faster, the aerodynamics of the gas around the jet becomes more 
important and causes the appearance of bulges (see figure 1c). This regime is called “first wind 
induced regime” by Sleuyter. In the “second wind induced regime” the surface of the jet is irregular, 
often described as “surface roughness”. Droplets occur not far from the nozzle. For even higher 
velocities the jet breaks up into droplets (a spray) immediately below the nozzle. This is the 
“atomization regime”. 

The mechanism of gas entrainment at the jet impact point depends on the jet flow regime. If 
the jet is laminar and stable (no surface waves) the meniscus of the water is dented by the jet, but no 
bubbles appear below a certain critical impinging velocity. The lower rim of the dent has a radius r 
which depends on the jet velocity (figure 1a). This radius is proportional to exp(-Ca), with the 
capillary number Ca = η v /σ (Lorenceau, 2007). Here η is the dynamic viscosity of the liquid, v the jet 
impact velocity and σ the surface tension. The capillary number indicates the ratio of the viscous force 
and the surface tension force. At high jet impact velocities (i.e. high capillary numbers), this 
proportionality is no longer valid and a thin gas film is transported below the water around the jet 
(figure 1b). At a certain depth the air film breaks up into bubbles. If the jet surface is unstable due to 
surface waves or surface roughness the gas film can also be fragmented by these instabilities (figure 1c 
by Ervine, 1987, see also Davoust, 2002). 

 
 
 

 

 

  
a) Low impact velocity: 
Jet dents the meniscus with 
radius r of lower rim  

b) High impact velocity:  
Gas film transported below   
the water along the jet 

c) First wind induced regime:  
Break-up of gas film triggered by 
surface instabilities (after Ervine, 1987) 

Figure 1: Deformation of the water surface due to the jet impact. 
 
As described above, many effects contribute to the gas entrainment by impinging jets. With the 
computational power available nowadays it is impossible to reproduce all these effects in one 
simulation: The interplay between turbulence inside the jet and surface instabilities at the jet surface 
can only be calculated, if the turbulence is resolved completely. For the reproduction of surface waves 
and gas film breakup the surface tension has to be calculated. This can only be done in a CFD 
simulation, if the interface is resolved in the whole domain. But this approach is not feasible if the 
surface structures are very small (due to surface roughness and gas film break up) and complex 
(e.g.due to a production and transport of many bubbles). 
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Generally for the CFD modeling of large hydrodynamic configurations with multiphase flow, the 
Euler-Euler approach is used. The physical process of bubble generation near a plunging jet occurs on 
a very small scale, which cannot be resolved in a meso-scale simulation. Therefore, the gas 
entrainment has to be physically modeled in simulations of plunging jets. The aim of this study is to 
find an approach for the simulation of plunging jet, where the gas entrainment can be deliberately 
tuned to some extent (e.g. in terms adjusting free parameters), in order for a physical model or 
correlation of the entrainment process to be implemented into future simulations. 

In the plunging jet configuration, gas has two different morphologies The gas above the water 
level is a continuous phase, whereas the gas below the water level is bubbly, i.e. a dispersed phase. 
The water can be regarded as a continuous phase everywhere. For modelling this with the Euler-Euler 
method, two approaches are possible: One can use two different phases for the two morphologies of 
gas. Then water is treated as a third phase. Gas entrainment near the jet and degassing at the water 
surface has to be modelled with sources and sink terms that describes the conversion of gas from a 
continuous to a dispersed (bubbly) morphology and vice versa. This requires algorithms that identify 
the regions of entrainment and of degassing. 

The other approach uses only two phases, one for water and one for gas. The different 
morphologies of the gas then have to be reflected by different coefficients in the closures for the 
momentum transfer between the gas and water phases. The first simulations presented here are 
performed with water as a continuous phase and gas as a dispersed phase. Thus, the gas is assumed to 
be bubbly everywhere in the domain, and a constant drag coefficient is applied. The influence of the 
magnitude of the drag coefficient is investigated. Then more complex drag model are tested, which 
take into account the different morphologies of the gas phase. 
 
 
2.   DEFINITION OF THE TEST CASE  
 
2.1. Geometry and mesh 
 
The geometry is a cylindrical tank with a diameter of 1 m. An inlet with a diameter of 19cm is located 
2m above the tank bottom. The initial water level is 1.5m above the bottom. The jet diameter and 
height are similar to the configuration in which an emergency core coolant tank is filled (see 
introduction). A water outlet is at the side wall of the tank below the water surface. Presuming an axis-
symmetric solution, only a sector of five degrees is modelled. The structured mesh has 125 uniform 
cells for the total height of the domain. For the radius of the water inlet seven uniform cells are used 
and 30 uniform cells for the opening (see figure 2). The tank is quite small compared to the jet 
diameter and the height of the water and the water in the tank is not very deep so that physicality of 
the result (particularly the development of the flow structures below the water level) is influenced 
significantly by the walls. This disadvantage is accepted, since we concentrate here on the gas 
entrainment, which takes place where the jet hits the water surface. It can be assumed that effects far 
away from this area do not influence the gas entrainment.  
Of course it is possible use geometries and setups similar to experiments like Bonetto (1993). But this 
leads to more complex geometries and meshes. On the other hand, it is not clear, which approaches are 
feasible for modelling impinging jets at all. The simplicity of the geometry is accepted here since this 
investigation is meant to study concepts for modelling the gas entrainment. The limitations of the 
geometry and the low mesh resolution are meant to reduce the computational costs. This is important 
for parametric studies. For some of the cases the grid is refined by reducing the cell size by a factor 
two in each dimension to check the sensitivity of the results on the resolution.  
 
2.2. Fluid properties, boundary conditions and turbulence modelling  
 
During the calculations, the fluids are water for the continuous phase and gas for the dispersed bubbly 
phase. The main properties (at 25°C and atmospheric pressure) for water and gas (air) are summarized 
in table 1. 



 4 

 

Property Water Gas (Air) 

Viscosity (kg·m-1·s-1) 0.0008899 1.831e-05 

Density (kg·m-3) 997 1.185 

Table 1: Fluid properties 
 

 
 

Figure 2: Section (five degrees) of the cylindrical tank; geometry and mesh. 
 
The domain is partially filled with water up to a level of 150 cm above the bottom. The distance 
between the free surface and the water nozzle is then equal to 50 cm. The initial velocity for both 
water and gas in the computational domain are taken equal to 0 m/s in each direction. The hydrostatic 
pressure is initialized according to the water level in the domain.  
The jet is injected through the nozzle with a velocity of 3 m/s. The volume fraction is 1 for water and 0 
for gas. For the gas outlet, an opening condition is used. The volume fraction is 1 for gas and 0 for 
water. A constant relative pressure equal to 0 Pa is assumed. For the fluid, a velocity normal to the 
boundary condition is considered. For the liquid outlet, an outlet condition is used. The volume 
fraction is 1 for water and 0 for gas. Therefore, the gas mass flow rate is equal to 0 kg/s at this 
boundary condition. For the maintenance of a constant liquid level, the liquid mass flow rate leaving 
the domain is defined equal to the liquid mass flow rate introduced by the injector. Outer walls are 
defined using a no slip boundary condition. For the “inner walls” caused by limiting the domain to a 
section, a symmetry boundary condition is applied. In the case of stratified flows the buoyancy force 
causes a separation of gas and water.  
 
2.3. Turbulence modelling  
 
The homogeneous SST (shear stress turbulence) model is applied (i.e. no separate calculation of the 
turbulence for both phases). In the ANSYS CFX11-Solver modelling guide a homogeneous turbulence 
model is recommended for separate flow and stratified flow, whereas for dilute dispersed two-phase 
flow (e.g. bubbly flow) the manual recommends the use separate of turbulence models for each phase. 
In the plunging jet separate flow and bubbly flow coexist in one domain, so none of the turbulence 
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approaches is suitable everywhere in the domain. The calculations presented below are calculated with 
a homogeneous SST model by default. For comparison, some calculations were performed with an 
inhomogeneous turbulence model, which is the SST model for the liquid phase and a laminar 
assumption for the gaseous phase. The results were very similar to the calculations with the 
homogenous SST model. The applied numerical schemes are the “upwind” advection scheme and the 
“first order backward euler” transient scheme. 
 

3.   DISPERSED PHASE MODEL FOR GAS 

 
The simplest approach for modelling the plunging jet, is if the water is treated as continuous phase and 
the gas is a dispersed phase with a constant particle diameter (d=2 mm) Bonetto observes bubbles with 
diameters between 1 and 3 mm. Due to equation (4.1) and (4.2) a variation of the particle diameter has 
the same effect as a variation of the drag coefficient of the dispersed phase (which is done below). Of 
course, the particle model is not appropriate for the gas above the water level. For the bubbles, a 
constant drag coefficient is used. The default value used here is CD=0.44, which is the drag coefficient 
for solid spheres in the Newtonian range where CD does not depend on the Reynolds number. To study 
the effect of the particle drag coefficient on the gas entrainment, the drag coefficient the simulations 
are performed with CD=0.44 and with a reduced value CD=0.05 for comparison.   

Since the focus of this study is on the gas entrainment at the surface, non-drag forces (lift force 
and turbulent dispersion force) are neglected here. It is expected that the turbulent dispersion force 
causes an increase the horizontal extension of the bubble plume. Nevertheless, an application of non-
drag forces above the water level is meaningless. Therefore, non-drag forces are not modelled here.  
A few seconds after the jet release from the nozzle the interface becomes stable and the gas void 
fraction field also becomes steady (see figure 3). A reduction of the drag coefficient from CD= 0.44 to 
CD= 0.05 has no significant effect on the gas void fraction field. Thus, the drag coefficient cannot be 
used as a parameter influence the gas entrainment in the simulation. If the SST model is applied for 
the liquid phase and the turbulence of the gas is neglected (laminar assumption) the gas void fractions 
are similar to those in figure 3 which have been calculated with a homogenous SST model. Therefore, 
the coupling of both phases by sharing the same turbulence field does not contribute to gas 
entrainment. In the subsequent simulations, only the homogenous SST model is used. 
 

  
CD= 0.44 CD= 0.05 
Figure 3: Gas void fraction fields for a simulation using a dispersed phase model for gas homogenous 
SST turbulence for both phases 
 
For a characterization of the gas entrainment, it is advantageous to use integral quantities for the 
intensity and the geometry of the gas plume. By performing an extensive survey of experimental 
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studies Bin (1993) obtained correlations for the penetration depth and the entrainment rate. The 
penetration depth hp is the vertical extension of the gas plume below the water level. Bin’s correlation 
for the penetration depth in meter is 

 67.0
0

775.01.2 dwh jp = , (3.1) 

where d0 is the nozzle diameter in meter and wj is the vertical jet velocity at the water level (in m/s). 
Due to gravitational acceleration, the velocity of a free falling jet increasing until it hits the surface. If 
hj is the height of the nozzle above the surface and w0 is the liquid velocity at the nozzle wj can be 
calculated as 

 jj hgww 22
0 +=

 (3.2) 

For the height of hj = 0.5 and w0 =3.0 m/s, one obtains wj = 4.3 m/s for the jet velocity at the water 
level and a penetration depth of 2.15 m according equation (3.1). The predicted value for the 
penetration depth is larger then the depth of the water in the tank. Therefore, the length of the gas 
plume might be restricted artificially by the geometry. In fact, according to figure 4 the gas plumes 
almost reach the bottom of the tank. For a better quantification of the vertical distribution of the gas, 
the gas void fraction αG is integrated on horizontal planes.  

 ∫=
A

GG dAA α  (3.3) 

Since the gas void fraction is dimensionless, the integral (3.3) yields the dimension of an area for AG. 
This can be interpreted as the area occupied by gas on the horizontal plane A. In figure 4 AG is plotted 
versus the depth below the water level. Here AG is normalized by the area of the jet cross section at the 
inlet. There is only a little difference between the values for CD=0.44 and CD=0.05 (see also Figure 3). 
The axial water velocities are identical for both drag coefficients.   
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Figure 4: Normalized gas area as a function of the depth below the water surface 
 
The depth at which the normalized gas area is zero can be used to define a penetration depth for jets. 
According to figure 4 the penetration depth almost 1.5 m which means that the plumes reach the tank 
bottom. This is in accordance with the prediction of equation (3.1).  
The entrainment rate is the ratio of the gas flux QG entrained below the water by the impinging jet and 
the water flux QL of the jet. The correlation for the entrainment rate suggested by Bin (1993) is 
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where hj is the jet height above the water level and g is the gravity. For the boundary conditions used 
in the simulations, this correlation yields an entrainment rate of 0.08. Another correlation was obtained 
by Ohkawa et al (1986) : 
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This correlation yields an entrainment rate of 0.036 in for the boundary conditions used here. To 
compare the simulation results in terms of entrainment rate with the predictions given by correlations 
(3.4) and (3.5), the gas fluxes below the water have to be investigated more closely. The product of the 
gas void fraction αG and the vertical velocity of the gas wG defines a vertical gas flux density qG : 

 GGG wq α=  (3.6) 

The upward and the downward fluxes can be distinguished by the definition of 
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So the total downward flux at a certain level below the surface is  

 dAqQ
A

GG ∫
−− = , (3.8) 

where A is the horizontal cross section of the domain at a certain level below the surface. The total 
upward flux +

GQ  is calculated in the same way.  

In figure 5 the total upward and downward gas fluxes are shown for the two jets modelled 
with the drag coefficients CD=0.44 and CD=0.05. The gas fluxes below the water level are normalized 
by the water flux of the jet QL,0 at the nozzle and plotted as function of the depth below the water level. 
For CD=0.44 the upward and downward gas fluxes are similar which means that the solution is steady: 
At each level the same amount is transported upwards and downwards. For the different drag 
coefficients the gas downward fluxes are also similar. Thus, the drag hardly contributes to gas 
entrainment. The carry under of gas therefore seems to be mainly caused by numerical effects within 
the solver. The curves for the normalized gas fluxes show a local minimum ca. 10 cm below the water 
level. This is the depth of the deformed water surface (“trumpet”) near the jet. At a depth of 60 cm all 
the curves have a local maximum. This can be explained by the re-entrainment of bubbles, which are 
trapped in the vortex caused by the jet. At the depth of 20cm the normalized gas fluxes are about 0.06 
which is just between the predictions for the entrainment rate by Bin (eqn. 3.4) and by Ohkawa (eqn 
3.5). Since the entrainment is mainly caused by numerical effects in this setup, we can expect the 
value to be sensitive to the geometry and resolution of the grid. This must be studied in future. 
However, it seems to be a coincidence that the simulated entrainment rate in this simulation is in the 
range predicted by empirical correlations. 
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Figure 5: Normalized gas fluxes as function of the depth below the water level. Blue symbols: Upward 
gas flux (CD=0.44). Red symbols: Downward gas flux (CD=0.44). Yellow: Downward gas flux 
(CD=0.05) 
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4.   The algebraic interfacial area density drag model 
 
In the previous simulations the gas was treated as a dispersed phase everywhere in the domain. 
However, the algebraic interfacial area density model (AIAD) model takes into account the distinction 
in morphology that phases can have in the domain. The morphology of the phases has to be reflected 
by appropriate parameters in the drag force. The magnitude of the force density for the drag is 

 
2

2

1
|| RVρaCD D=  (4.1) 

where CD is the drag coefficient, a the interfacial area density and ρ the density of the continuous 
phase (if the other phase is a dispersed phase). VR is the relative velocity between the two phases. 
The algebraic interfacial area density model applies two different drag coefficients, CD,B for bubbles 
and CD,S for free surface. The interfacial area density a also depends on the morphology of the phases. 
For bubbles it is  

 
G

B

B
d
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4

1=
 (4.2) 

where dB is the bubble diameter and αG is the gas void fraction. If a free surface is fully resolved, its 
interfacial area density is 

 || GSa α∇=   (4.3) 

Since the concept of a continuous phase is not meaningful in the range of medium gas void fractions, 
instead of a continuous phase density an average density is applied in equation (3.1). The average 
density is defined as 

 )1( GLGG αραρρ −+=  (4.4) 

where ρL and ρG are the liquid and the gas phase density respectively. In the bubbly regime, where αG 
is low, the average density according to equation (4.4) is close to the liquid phase density ρL, which is 
the continuous phase density in this case. According to the flow regime (bubbly flow or stratified flow 
with a free surface) the corresponding drag coefficients and interfacial area densities have to be 
applied. This can be done by introducing a blending function f which is 1 for bubbly flow and 0 for 
stratified flow. Then the area density and the drag coefficient are well defined everywhere in the 
domain by  

 SB afafa )1( −+=  (4.5) 

 SDBDD CfCfC ,, )1( −+=
 (4.6) 

It is not easy to find an algorithm that recognizes the flow regime of course. A very simple approach 
identifies the flow regime by using a gas void fraction limit α0. Bubbly flow is assumed, where 
αG < α0 and stratified flow everywhere else. This would mean that blending function f is a step 
function. To avoid numerical problems a continuous blending function is preferred (figure 6): 

 
))(100exp(1

1

0αα −−+
=

G

f  (4.7) 
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Figure 6: Blending function f according to equation (3.7) for α0= 0.1 (black curve) and α0 = 0.3 (red). 
 
For a first judgement, the gas entrainment is quantified by the gas void fractions just below the liquid 
interface. These are investigated for various values of the free surface drag coefficient CD,S and gas 
void fraction limits α0. For the bubble drag coefficient, a constant value of CD,B = 0.44 is taken, based 
on the drag of rigid spheres at the medium to high Reynolds number regime. As bubble diameter 
dB=2mm is chosen. 
 
4.1. Variation of the surface drag coefficient  
 
Figure 7a shows the gas void fraction for CD,S = 10. The gas entrainment seems to be overestimated 
here, since even at a depth of 50cm below the water surface gas void fractions of 0.5 appear. In 
figure 7b the corresponding bubble area density aB is displayed. Note that aB is proportional to the gas 
void fraction (eqn. 3.2) and maximal at αG = 1 (figure 7b). Of course bubbles are not assumed to be 
present where αG = 1. According to equation (4.5) and (4.7) the blending function switches to free 
surface area density aS at high gas void fractions. The free surface area density aS for this case is 
shown in figure 7c. In figure 8 the total area density a according to equation (4.5), the total drag 
coefficient CD according to equation (4.6) and the product of a and CD are shown. 
 

 
  

a: Gas void fraction αG b : Bubble area density aB c: Free surface area density aS 
Figure 7: Various scalar fields for a simulation with CD,S = 10. 
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a: Total area density a b: Total drag coeff. CD c: Product a CD 

Figure 8: Various scalar fields for a simulation with CD,S = 10. 
 
It is not clear which surface drag coefficient is appropriate for the situation of the impinging jet. The 
value of CD,S has to include subgrid information of the free surface structure (“rough” or “smooth”) 
and this certainly depends on the grid resolution, since with a finer mesh more details of the surface 
structure are resolved. Therefore, the free surface drag coefficient CD,S is varied over several orders of 
magnitude. Its influence on the gas void fraction below the water surface is studied while keeping the 
gas void fraction limit in equation (4.7) constant at α0 = 0.1. Note that the vertical water velocity at the 
nozzle is kept constant at w0 = 3 m/s. The simulation is performed in the transient mode, but the result 
is almost in a steady state 10 seconds after the start when the jet is released from the nozzle. 

 
 

    

CD,S = 10 CD,S = 1 CD,S = 0.1   CD,S = 0.01 

Figure 9: Gas void fraction for various surface drag coefficients. Representative plots at time t >10s. 
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As one can see from figure 9 the gas entrainment below the surface decreases if the surface drag 
coefficient is reduced. Note that the solver does not converge when CD,S = 0. Since the maximal gas 
void fraction below the water surface is similar for CD,S = 0.1 and CD,S = 0.01 it is obvious that 
entrainment cannot be suppressed by further reducing CD,S.  

4.2. Variation of the blending function 

By changing the gas void fraction limit α0 the blending function can be modified. The value of α0 has 
a significant influence on the gas entrainment (figure 10). It is not clear which value is appropriate 
since α0 has no physical meaning. The definition of the blending function in general and of α0 in 
particular is arbitrary to some extent. Note that in this case the gas void fraction αG is used as criterion 
to identify the location of the surface. This is a quite simple approach of course and a more 
sophisticated blending function could use the gradient of αG to identify the surface since this gradient 
is high near the surface. 

  

α0=0.1          α0=0.3 

Figure 10: Gas void fraction for CD,S = 0.1 and various α0 . 

To check the influence of the grid resolution on the numerical solution one calculation (CD=0.1) is 
repeated with a doubled spatial resolution. The gas void fraction fields are similar. By an integration of 
the vertical flux density at this level according to equation (3.8) and by normalizing the result with the 
water flux at the nozzle QL,0 the dimensionless entrainment rate is obtained. For the coarse mesh the 
entrainment rate is 3.5% and for the fine mesh it is about 6.4%. Of course the results of a CFD model 
should not depend on the resolution of a grid (Menter, 2002). However, in a simulation of an 
impinging jet with increasing resolution increasingly of the complex geometry of the impinging zone 
is resolved. In the borderline case of an infinite resolution the real bubble generation process could be 
captured. With a decreasing resolution, the geometry of the impinging zone is further simplified. This 
is the reason why the resolution has an effect on the simulated entrainment.  

5.   Conclusion 

For the implementation of a physical model for the gas entrainment by impinging jets in the frame of a 
CFD code, a mechanism is required that allows the adjustment of the entrainment in the simulation 
according to the correlation. Since the gas and liquid phase tend to separate due to the buoyancy force, 
it is obvious to use its counterpart – the drag force – to obtain gas entrainment below the surface. 
However, if the gas is modeled as dispersed phase in an Euler-Euler simulation, the entrainment barely 
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depends on the magnitude of drag coefficient, and it is obviously caused by numerical effects. Thus, 
this approach is not suitable for the implementation of a physical model for gas entrainment. 

The algebraic interfacial area density (AIAD) model was found to be a suitable approach to 
adjust the entrainment. There are two free parameters inside the AIAD model have a strong influence 
on the suction of gas across the liquid interface. These parameters are a drag coefficient for the free 
surface and the shape of the blending function. The blending function is used to identify regions of 
stratified flow (free surface flow) and regions of dispersed phase flow (bubbly flow) in order to apply 
the appropriate drag model. Nevertheless, the gas entrainment calculated with the AIAD model is 
arbitrary, as the model does not realistically reflect physics of the bubble entrainment. Further 
investigations will be performed to improve the parameterization in terms of the AIAD model: 

 
• In the AIAD model, only the magnitude of the gas void fraction is evaluated by the blending 

function to identify the location of the free surface. In a more sophisticated approach more 
criteria could be evaluated such as the gradient of the gas void fraction. 

• It is not clear which drag coefficients for the free surface are appropriate. The drag coefficient 
should also reflect the roughness of the jet surface for example. 

• In the present simulations the blending function is meant to identify the location of the free 
surface. With a more complex algorithm it might be possible to identify the region where the 
jet entrains gas. This would allow applying special closure models (e.g. drag forces) to obtain 
a more controlled gas entrainment there. 

• The parameters for a realistic entrainment probably depend on the grid resolution.  

• Up to now the literature about gas entrainment near impinging jets is rather fragmentary. More 
experimental data are necessary to adjust the CFD models and obtain realistic entrainment in 
simulations. The Forschungszentrum Dresden-Rossendorf (FZD) is planning to perform new 
experiments with impinging jets. New sensors for multiphase flow measurements, which have 
been developed at the FZD, will also be used. 
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Abstract 

 

An experiment related to steam discharge into sub-cooled water was carried out with a scaled down 

condensation pool test facility at Lappeenranta University of Technology. The vertical blowdown pipe 

was submerged by 1.81 m and thermally insulated. Condensation took place only at the steam-water 

interface near the pipe outlet. Since very low steam flow rates (1.0…1.5 g/s) were used, the steam-

water interface remained steady close to the pipe outlet. Several quasi-steady intervals suitable for the 

validation of direct contact condensation models can be found from the experiment data. Simulations 

with the Hughes-Duffey based DCC model of the NEPTUNE CFD code indicated two orders of 

magnitude higher condensation rates than the experiment. This overestimation was reduced by one 

order of magnitude by decreasing the numerical truncation parameter and by disabling the residual 

droplet handling. By implementing the DNS-based model of Lakehal et al. (2008) the heat transfer 

coefficient reached the same order of magnitude as indicated by experiments. More stable transfer rate 

values were also attained. However, uncertainties prevail in the experimental and simulation results as 

the presence of non-condensables, which has a significant suppressing effect on condensation, has not 

been taken into account. The work was accomplished in the framework of the EU/NURESIM project. 
 

1. INTRODUCTION 

During a possible large steam line break accident inside a BWR containment a large amount of non 

condensable (nitrogen) and condensable (steam) gas will be blown from the upper dry well to the 

condensation pool through the blowdown pipes. The wet well pool serves as the major heat sink for 

condensation of steam. 

Experiment results of the POOLEX project at Lappeenranta University of Technology (LUT) in 

Finland can be used for the validation of different numerical methods and models for simulating 

steam injection through a blowdown pipe into liquid (Tanskanen, 2008). The improvement of models 

is necessary for the reduction of uncertainties in predicting condensation pool behaviour during steam 

injection. Improvements are necessary both for the physical models (heat transfer coefficient at the 

interface between liquid and vapour, instabilities of the interface) and for the numerical schemes. 

Some of the models are applicable also outside the BWR scenarios, e.g. for the quench tank operation 

in the pressurizer vent line of a Pressurized Water Reactor (PWR), for the bubble condenser in a 

VVER-440/213 reactor system, or in case of a submerged steam generator pipe break. 

EU/NURESIM project on thermal hydraulics was aimed at solving important outstanding issues, 

including DCC scenarios. LUT has participated in the NURESIM project by providing DCC related 

experimental data to be used in improving the models implemented in NEPTUNE CFD and by 

executing validation calculations of the code together with VTT. A specific POOLEX experiment 

series with a thermally insulated blowdown pipe and small steam mass flux was carried out for the 

purposes of the NURESIM project. Due to thermal insulation there was no condensation on the 

blowdown pipe inner walls but only at the steam-water interface close to the pipe outlet. 
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2. POOLEX EXPERIMENT STB-31 

The POOLEX test facility is an open cylindrical pool (5.0 m in height and 2.4 m in diameter) 

modelling the condensation pool of a BWR. The earlier steam discharge experiments with the facility 

were considered too challenging as initial validation cases due to very rapid direct contact 

condensation phenomena and unknown amount of condensation on the pipe walls. Therefore, it was 

decided to carry out an experiment series aimed at producing data of more stable nature. For these 

experiments the vertical blowdown pipe (inner diameter 214.1 mm) was thermally insulated to 

prevent condensation on the pipe inner wall. The nearby PACTEL test facility was used as a steam 

source. Figure 1 presents the POOLEX test facility and the locations of the steam line measurements. 

Figure 2 shows the measurements in the pool and Figure 3 in the vicinity of the pipe mouth. 

 

 

 

Fig 1: Test pool and steam line. Fig 2: Instrumentation in the pool. 

 

Fig 3: Thermocouples at the blowdown pipe outlet. 

One experiment (labelled as STB-31) of the series was selected for the validation of NEPTUNE CFD 

condensation models. Before starting the measurements the pool was filled with isothermal water 

(32 °C) to a level of 2.95 m i.e. the total volume of water was approximately 12 m
3
 and the blowdown 

pipe was submerged by 1.81 m. The duration of the experiment was about 6000 s. The steam mass 
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flow rate (0.5…1.5 g/s) was controlled along the experiment to prevent steam bubble formation and to 

keep the steam-water interface as close as possible to the pipe outlet. Several quasi-steady intervals 
suitable for the validation of direct contact condensation models can be found from the experiment 

data. 

For the CFD simulations, a 300 s period (from 2040 s to 2340 s) from the STB-31 experiment was 

selected. Pressure in the blowdown pipe was almost constant (1.186 bar) during the selected period, 

and the time average value of mass flow rate in this period is 1.0594 g/s. These values are used in 

most of the simulations. The mass flow rate value corresponds also to intermediate conditions within 

the period, because, the mass flow rate is slowly decreasing linearly in time. This slight decrease in 

mass flow rate occurs due to decreasing condensation rate caused both by water heat up near the 

steam-water interface and by air layer accumulation to the steam-water interface. This air layer 

develops from dissolved gas that is released from the coolant during the blowdown. An effort to 

evaluate the amount of non-condensable gas in the vicinity of the steam-water interface during the 

selected period of the experiment was carried out. On the basis of air and steam partial pressures 

derived from measured temperatures and total pressure at the mouth of the pipe, the following 

bounding estimates were produced. Between the measurement inaccuracies, the lower limit for the 

height of the air layer can be 0.8 mm, the upper possible limit 30 mm, and the expected height of the 

layer 5 mm. Without the worst measurement inaccuracies in the mass flow rate, the layer height 

would be bounded between 2 and 6 mm. The concentration of non-condensable gas is assumed to 

decrease logarithmically within the layer with increasing elevation. An air layer would have a 

significant suppressing impact on DCC. In Figure 4, the temperature values at the pipe mouth (or 

discharge) and in the pipe are presented concerning the selected period. As the steam-water interface 

is very steadily at the mouth of the pipe, these values are mainly steam temperatures. 

 
Fig 4: Temperatures at the pipe mouth, 20 mm above and at the inner wall. 

Water below the blowdown pipe was heated up by condensing steam. This warmer water then rose 

towards the pool surface along the blowdown pipe outer wall due to buoyancy forces. Regarding 

temperatures outside the pipe (in the pool side), 30 °C for water and 104.3 °C for steam were selected 
to be used as initial values in the CFD-simulations. 
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3. PHYSICAL MODELS 

The most relevant equations solved by NEPTUNE CFD that can be influenced by condensation are 

presented next. The equations are presented in Cartesian form, to simplify the presentation and to 

follow NEPTUNE CFD V1.0 Manual of Laviéville J. et al. (2006). 

 

The multi-field mass balance equation for each field k is written: 
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where αk is volume fraction, ρk is density and Uk is mean velocity of phase k. Γk is the interfacial 

mass transfer rate on phase k. Γk is the sum of all other phase contributions. 

 

The momentum equations are not presented here, because the effect of mass transfer is considered 

negligible in the practical form of the equations. The “non-conservative” form of energy equation 

reads  
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where Hk is total enthalpy, Qk is conductive thermal flux, P is mean pressure, g is acceleration due to 

gravity, ϕ represents the heat exchanges with boundaries (i.e. the nucleate boiling model), Π’(p->k) is 
the part of interfacial heat transfer rate independent of the mass transfer, and Γ

c
(p->k)H

σ
(p->k) is the part 

related to mass transfer, H
σ
(p->k) is the jump in enthalpy associated with mass transfer from phase p to 

phase k, and Γc
(p->k) is the mass transfer rate contribution from phase p to phase k. For contributions 

Γc
(p->k), the following relation must be verified: 
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In two-phase water/steam flows these notations can be simplified, so for example for water phase Eq. 

(3) reduces to: 
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In the absence of nucleate mass transfer, the last term and the mass transfer contribution in the 

previous term in Eq. (2) can be cancelled. In the case with saturated vapour, the Π2
’w/s
 contribution is 

negligible in Eq. (4). The heat transfer rate Π1
’w/s
 has to be determined by use of a suitable 

condensation model. 

3.1 Heat transfer rate by Hughes-Duffey model 

In the modified Hughes-Duffey model (Hughes 1991) for turbulent stratified flows the heat transfer 

rate to water phase has equation:      

( )11

/'

1 TTa sati

sw −=Π ζ
, (5) 

where 
1α∇=ia  is the interfacial area of quality [1/m]. Tsat is the saturation temperature and T1 is the 

temperature of water. The heat transfer coefficient ζ1 is defined as 
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where λ1 is thermal conductivity and Lt is characteristic length. According to Hughes-Duffey model, 
Nu is defined as 
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The formulation used in NEPTUNE CFD derives by the substitution of Eqs. (7)-(8) into (6) and by 

defining numerical limitations to ut: 
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Here µ1 is viscosity, λ1 is thermal conductivity and q12 = k1 is turbulent kinetic energy of phase 1 
(water). Cµ = 0.09 from the definition of k-ε-model. Note also that Lt cancels. Because this is a model 
effective on the water-steam interface, there is an auxiliary model to handle residual droplets. This 

model activates when α1 < 0.1 and has simple return to saturation form: 
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Laviéville J. et al. (2006) 

3.2 Heat transfer rate using Lakehal et al’s. (2008) model 

In the model of Lakehal et al’s. (2008) (see also Banerjee et al., 2004 and Lakehal 2007), Nu takes the 

form: 

[ ] 2/1PrReRe t

m

tBfNu =  (13) 

In this expression, B is a model constant (i.e. B = 0.35 for Pr = 1 and 0.45 for Pr >> 1), and the so-

called surface-divergence function [ ]Remtf  takes the following form 
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The turbulent Reynolds number in this model is defined as 
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Otherwise, the heat transfer coefficient is the same as in Eq. (6). As the length scale Lt does not cancel 

in this model, it is calculated using Eq. (8), using: 
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Where VL is the integral velocity scale, also defined as in the Hughes-Duffey model, 
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4. COMPUTATIONAL GRIDS 

Two versions of 2D axisymmetric grids were generated for the simulations. The first grid contained 

32450 hexahedral cells. The mesh was made more refined at the pipe tip region (Figure 5). Another 

grid containing 30650 cells was also employed; this was homogenous in the axial direction and 

refined in the radial direction towards the pipe wall. This grid was coarser than the first one in the 

pool area, but denser inside the pipe. These grids were made by rotating a 2D-grid around the axis of 

rotation to create an angular dimension of thickness of a single cell. Prismatic cells were avoided by 

truncating the geometry “microscopically” along the axis of rotation. 

 
Fig 5: The 2D-axisymmetric calculation grid. 

 

The radius of the domain was set to 1.2 m, which was the mean radius from the centre of the 

blowdown pipe to the wall of the condensation pool. (In the POOLEX test facility the pipe was not 

exactly at the centre of the pool). The height of the domain was set to 2.63 m. By using this height, the 

initial surface of water could be set on the upper edge of the domain. The lower conical part of the 

pool was truncated at 0.8 m from the mouth of the pipe. These simplifications should have negligible 

effect on the results. With these simplifications, it was possible to avoid the use of free air surface at 

the top of the pool and the conical geometry at the bottom of the pool. 

 

A couple of full 3D-grids were generated also. The larger one of these contains 116268 cells. The 

same radial and vertical dimensions as in the 2D-axisymmetry case were used. 

5. INITIAL AND BOUNDARY CONDITIONS, SIMULATION DETAILS 

Most of the CFD simulation cases of STB-31 were initialized to conditions where the steam-water 

interface was exactly at the tip of the blowdown pipe. Thus, the initial volume fraction of steam was 

one in the pipe, and the volume fraction of water liquid was one outside the pipe. The pressure in the 

pipe was initialized to 1.186 bar and the pressure on the water surface of the pool was set to 1.0132 

bar. The pressure in the liquid volume was initialized using hydrostatic pressure. The temperature in 

the liquid occupied region was initialized to 30 ºC and in the vapour region to 104.3 ºC. The initial 

density of water liquid was 995.6 kg/m
3
 and the initial density of steam 0.689 kg/m

3
. The initial 

specific heat capacities of water and steam were 4180 J/kg and 2095 J/kg, respectively. The initial 

viscosities of water and steam were 7.96e-4 Pas and 1.24e-5 Pas.  



   

 7 

 

Two types of inlet boundary conditions were used. In most of the Hughes-Duffey simulations, 

velocity (or mass flow in 3D cases) boundary condition was used for steam inlet. Based on a quasi-

steady period in the experiment an inlet velocity of 0.043 m/s was usually selected for steam. This 

corresponds to a mass flow rate of 1.0594 g/s. In the later simulations, where Hughes-Duffey and 

Lakehal et al. (2008) were compared, a pressure boundary condition of 1.186 bar was used instead. 

 

The CATHARE steam tables built in NEPTUNE CFD, have been enabled and enthalpy scalars have 

been initialized by using initial temperature, pressure or Hsat. The standard k-epsilon turbulence model 

has been used for the water liquid phase and laminar assumption for the steam phase (although with 

momentum interaction with liquid phase being enabled). The drag model for separated phases has 

been applied to the steam phase. 

 

The condensation model (Hughes-Duffey, Hughes-Duffey with modifications or Lakehal) was 

activated for the water phase. Because the steam phase was in saturation conditions, no heat transfer 

or condensation models were activated for that phase. 

 

The simulations were computed using adaptive time-stepping. Typically, the initial time-step was set 

to 0.001 seconds. 

6. RESULTS AND DISCUSSIONS 

6.1 Cases with velocity inlet boundary condition 

In Hughes-Duffey simulations with velocity inlet boundary condition, steady or long duration quasi-

steady steam volume could not be maintained in the blowdown pipe by using measured velocity 

values or even slightly higher ones. More promising results were obtained after modification of the 

problematic auxiliary parameters in the original Hughes-Duffey distribution of NEPTUNE CFD. 

Figure 6 presents the effects of these modifications at 0.51 s of real time with the help of three cases. 

 

 
Fig 6: Steam volume development at t ≈ 0.51 s in standard simulation cases of the STB-31 experiment 

using the original and two different modifications of the stratified flow condensation model of 

NEPTUNE CFD. (a) the original model, (b) the case where VL
*
 truncation criterion is decreased to 

0.0001, and (c) the case where residual droplet auxiliary model is disabled in addition to the changes 

introduced in case (b). 
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As one can see from Figure 6, the above mentioned modifications are not sufficient to solve the 

problem of too high condensation rate and to maintain steady or quasi-steady steam volume in the 

pipe. The situation in Fig 6(c) (later called Hughes-Duffey modification ‘c’) might seem promising, 

but the steam volume is collapsing rapidly also in that case. Significantly longer simulation periods 

might be needed to prove that the steam-water interface starts to return towards the pipe outlet after 

sufficient water surface heat up. 

 

Figure 7 presents the development of steam inventory in the blowdown pipe, the highest heat transfer 

coefficient found in the domain and the corresponding liquid phase turbulence kinetic energy value. 

Modification ‘c’ of the Hughes-Duffey condensation model was used in these simulations. 

 

 
Fig 7: Vapour inventory in the blowdown pipe (upper figure) and maximum heat transfer coefficient 

in the domain with liquid phase turbulence kinetic energy at its location (lower figure). A 

3D-simulation of the STB-31 experiment using modification ‘c’ of the Hughes-Duffey condensation 

model. 

 

As can be seen from Figure 7, the liquid phase turbulence kinetic energy tends to dominate in the heat 

transfer coefficient of equations (9-11) if the limitation min(|U1|, ut) does not choose |U1| instead. In 

this case, it was observed that ut is generally clearly smaller than |U1|, and thus it determines the 

condensation rate as it should to do in normal conditions. 

 

The DCC model of Lakehal et al.(2008) produced significantly lower condensation rates. In Figure 8, 

steam inventory and the maximum heat transfer coefficient are presented for the Hughes-Duffey 

modification ‘c’ and for the DCC model of Lakehal et al. (2008). As can be seen, the condensation 

rate is clearly smaller in the case of Lakehal et al. model and the maximum value of heat transfer 

coefficient is at least one order of magnitude smaller than in the Hughes-Duffey case. 
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Fig 8: Vapour inventory in the blowdown pipe (upper figure) and maximum heat transfer coefficient 

in the domain (lower figure). 2D-axisymmetric simulations of the STB-31 experiment using 

modification ‘c’ of the Hughes-Duffey condensation model and the condensation model of Lakehal et 

al. (2008). 

6.2 Results of simulation cases with pressure inlet boundary condition 

A number of simulations were calculated using pressure boundary condition at the blowdown pipe 

inlet. Using pressure boundary condition, comparison of the condensation rates become easier, 

because the pressure boundary condition forces the steam inventory in the pipe to similar pressure 

equilibrium in every simulation case. In the chosen quasi-steady period of the STB-31 experiment the 

pressure in the blowdown pipe was steadily at 1.186 bar. Longer simulation periods are possible as 

well, because the steam inventory cannot collapse due to excessive condensation rates. 

 

Figure 9 presents the steam inventory state in the blowdown pipe and the maximum heat transfer 

coefficient in the Hughes-Duffey ‘c’ and Lakehal et al., (2008) DCC-model simulation cases with the 

pressure inlet boundary condition. As can be seen from Figure 9, the steam inventory is almost 

maintained at 97 % of the original volume and thus the water-steam interface stays near the pipe 

outlet and oscillates slightly with decreasing amplitude. Concerning the heat transfer coefficients, the 

maximum value in the Lakehal et al. case is at least one order of magnitude smaller than in the 

Hughes-Duffey case, just as it was in the velocity inlet boundary condition cases. 

 

The steam mass flow rates of the pressure inlet simulation cases are shown in Figure 10. As the heat 

transfer coefficients and Figure 10 indicate, the values of mass flow rates in the cases of the Hughes-

Duffey condensation model are almost an order of magnitude higher compared to the values in the 

experiment and in the simulations with the Lakehal et al. model. The condensation rate also fluctuates 

rapidly in the Hughes-Duffey cases and the simulations do not reach convergence as easily as in 

Lakehal et al. cases. 



   

 10 

 
Fig. 9: Vapour inventory in the blowdown pipe and maximum heat transfer coefficient in simulations 

where the pressure inlet boundary (1.186 bar) is used. 2D-axisymmetric simulations of the STB-31 

experiment using Lakehal et al.(2008) and Hughes-Duffey mod. ‘c’ condensation models. 

 

 
Fig. 10: Vapour mass flow rates recorded next to the blowdown pipe inlet in simulations where the 

pressure inlet boundary (1.186 bar) is used. Results of 2D-axisymmetric and 3D-simulations using 

Lakehal et al.(2008) and Hughes-Duffey mod. ‘c’ condensation models compared to the quasi-steady 

mass flow rate in STB-31. 
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As in the previous cases of the velocity inlet boundary condition, the liquid phase turbulence kinetic 

energy dominates in the heat transfer coefficient in the Hughes-Duffey model, if the limitation 

min(|U1|, ut) does not choose |U1| instead. This limitation is used also in the Lakehal model 

implementation, but in that model the turbulence kinetic energy is not as dominant term. Figure 11 

shows the values of |U1| and ut in the pressure inlet cases. As Figure 11 shows, the min(|U1|, ut) 

limitation does not activate |U1| frequently, and thus ut determines the velocity scale in these models. 

 
Fig. 11: Velocity magnitude and characteristic velocity related to turbulence kinetic energy in 

simulations where the pressure inlet boundary condition is used. Values are recorded from cells 

corresponding the location of maximum heat transfer coefficient. 

6.3 Comparison with experiments 

In the cases where the Hughes-Duffey condensation model was used, the condensation rates were at 

least one order of magnitude higher than in the STB-31 experiment. In the cases where the Lakehal et 

al. (2008) condensation model was used instead, the condensation rates were still slightly higher (in 

average) than in the experiment, but clearly in the same order of magnitude as in the experiment. 

However, some unknown amounts of non-condensables were present in the STB-31 experiment. Non-

condensables have a suppressing effect on condensation. Therefore, high uncertainties still exist 

concerning the comparability of these DCC models with this single experiment. In this light, the final 

conclusions concerning applicability of these models should not be drawn. 

7. FINAL REMARKS 

7.1 Conclusions from this work 

Lappeenranta University of Technology has carried out a specifically designed steam discharge 

experiment (STB-31) with the POOLEX test facility and made the measured data available to be used 

in the validation of the NEPTUNE CFD code developed within the EU/NURESIM project. The 

simulations indicated clearly higher condensation rates than in the experiment, when the Hughes-

Duffey based stratified flow condensation model of NEPTUNE CFD was used. This overestimation 

was decreased remarkably by decreasing a numerical truncation parameter and by disabling the 
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residual droplet condensation auxiliary model. After these modifications, at least one order of 

magnitude over-estimation of the mass transfer rate still prevails. For comparison, the condensation 

model of Lakehal et al.(2008) was implemented into the code. This model is an adapted variant of the 

Banerjee et al. (2004) model for passive scalar transport across sheared turbulent streams. Using 

Lakehal’s model, the condensation rates were significantly decreased to the same order of magnitude 

as in the experiment. The model has also been shown to be more stable than the previous one. One 

reason for this is probably the fact, that in the Lakehal et al. (2008) model the turbulence kinetic 

energy is damped by the turbulence dissipation rate whereas in the Hughes-Duffey model this tends to 

dominate the heat transfer coefficient. 

 

High uncertainties exist concerning the comparability of these models with the STB-31 experiment, 

because the contribution of non-condensable air layer was not included. It is likely, that these 

condensation models would yield much lower condensation rates if this logarithmically concentrated 

1-6 mm thick layer of non-condensables had been be modelled. Concerning the implemented version 

of the Lakehal et al. (2008) model, it would have been more preferable to use the inner scaling version 

of the model, because the steam-water interface in the STB-31 case was not significantly turbulent. 

Now, the outer scaling (surface divergence theory) version was used, because its implementation into 

NEPTUNE CFD was simple and possible to be done according to the schedule of the project. 

7.2 Recommendations 

Further validation work and comparisons of the condensation models discussed here is needed. 

Generally speaking, further validation and development of all condensation related models are still 

recommended. For example, concerning the STB-31 experiment, inner scaling version of the Lakehal 

et al. (2008) model would be tested. In order to increase the reliability of DCC validation in future, it 

will be necessary to obtain high grade data of experiments where the amount of non-condensable 

gases is absolutely negligible. As the knowledge of DCC has a great importance in any NPP concepts 

where the emergency steam suppression could be needed (i.e. BWRs), research work on this 

phenomenon and its modelling should be continued. 
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Abstract 

 

In this paper a detailed model of a VVER1000 reactor pressure vessel (RPV) with the extension of 

simplified primary loops is presented (Loop model). The primary loop components like steam genera-

tors and pumps are modelled by the outer shapes and additional source terms for energy and momen-

tum exchange. The RPV model part is tested without primary loops and compared with former results 

obtained with a coarser model. The intention of this work is to demonstrate the abilities of modern 

CFD tools like ANSYS CFX to model technical facilities with complex geometry such as a reactor 

pressure vessel with its primary loops over all relevant scales from a range of approximately 1mm up 

to a largest dimension of around 50m. As an example, the rotation of flow patterns at the core inlet 

derived from plant data obtained at the Kozloduy Nuclear Power Plant (Unit 6) is simulated. As pro-

gress against the RPV model the Loop model is able to predict a swirl of flow patterns but due to the 

lack of technical details like the pump impellers the swirl is overestimated. 

 

1. Introduction  
    

At the Institute of Reactor Safety (IRS) of the Forschungszentrum Karlsruhe the application of CFD 

methods for nuclear reactors started in context with the  Coolant Transient Benchmark  of a VVER-

1000 pressurized reactor from power plant station at Kozloduy, Bulgaria (Unit 6) initiated by OECD 

in 2002. In 2006 a detailed CFX model with some geometrical simplifications containing all relevant 

parts of the pressure vessel was presented [1] at CFD4NRS in Munich. One essential deficiency of this 

model was the incorrect prediction of the observed swirl of flow patterns at the core inlet.   

 

It was assumed that the reason for the swirl effect  could be found inside the primary loops.  Therefore 

the previous model of the pressure vessel was improved by some more geometrical details, partially a 

better spatial resolution and a simplified consideration of the primary loops.    

 

The model presented in this paper is based on the pre-mentioned work. In the former work better 

agreement with experimental data was obtained by using a first order donor-cell method for the spatial 

discretization. The influence of missing geometrical details in the lower plenum was compensated by 

numerical diffusion of the 1
st
 order method. As consequence additional geometrical details in the 

lower plenum are now taken into account. Furthermore the grid spacing in the downcomer and the 

lower plenum is refined now. The results from the improved RPV model show less sensitivity on the 

discretization scheme and recalculated transient hot leg temperatures transients are improved now.  

 

The testing and development procedure is divided into two parts. The first one considers the RPV with 

all its details while the second one includes all parts of the model with the extension of the primary 

loops and its components. For this model named RPV model the flow is controlled by boundary condi-

tions at the cold leg inlets and hot leg outlets. The broader model which includes the primary loops – 

named Loop model - does not contain any inlet and outlet conditions because a closed system is con-

sidered. In this case the flow is controlled by momentum and energy source terms which have to be 

specified for the pumps and steam generators. The source terms have to be adjusted to measured flow 

conditions (flow rates and temperatures) which make the numerical control of the flow more difficult. 

 

A crucial point is the large spread of scales over several orders of magnitudes. The overall height of 

the pressure vessel is 12.5m and its inner diameter amounts to 3.6m. The outer dimensions of the pri-

mary loops are approximately 40m x 20m x 20m while the smallest components inside the RPV that 

influence the coolant mixing are in the range of 1mm. It becomes clear that the layout of the computa-
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tional grid due to scale resolution, the computer memory limit and reasonable computational time is of 

highest priority for successful simulations. Together with the just mentioned first version the construc-

tion of the grid and testing of the model took about 2 years especially for the later on presented Loop 

model. 

 

The number of cells has increased by more than a factor of 2 against the basic model from 2006. The 

former RPV model consisted of 14.5 million cells while the new models are created with approxi-

mately 24 and 34 million cells. The parental model was constructed by three blocks forming the down-

comer with the lower plenum, the core and the upper plenum with non-matching cells at the boundary 

layers. The blocks were fitted together by two GGI (General Grid Interface) layers which increased the 

computational time up to 20% for one layer. In a first attempt the Loop model was constructed in the 

same way which resulted in 2 additional interfaces per primary loop so that the model included 10 

GGI layers. As consequence a steady state analysis as parallel application with 12 processes took 

around 1 month of CPU time so it was not possible to run a number of parameter studies in a reason-

able time. A basic problem was given by the PC´s management system (WINDOWS XP 32 bit) which 

is only able to handle processes up to a memory size of around 1.5 GB independent on the total mem-

ory available which resulted in a maximum grid size of 10 million cells for a single block. This was 

resolved by switching to a 64 bit system which allows the generation of large grids as single blocks 

without GGI interfaces.  

 

The simulations were performed on a 64 bit Linux cluster with 12 processors. By elimination of the 

interfaces the computational time for the RPV model could be reduced from 1 month to about 2 days. 

For the loop model up to 1 week for a steady state simulation and approximately 4 weeks for a tran-

sient case were used. The reason for the disproportionate increase can be found in the worsened con-

vergence behaviour.  

        

2. Model description 
 

Fig. 1 shows a cut through the 

RPV model. The average length 

scales of the cells especially in the 

downcomer are reduced now by a 

factor of 2 to 50mm. In the lower 

plenum details with significant 

influence on coolant mixing are 

included additionally like an ellip-

tical, perforated bottom plate and 

core support columns with full 

detail resolution of its lower parts 

and a detailed representation of the 

perforated upper parts by pressure 

loss coefficients. As mentioned 

before the nodes at the block 

boundaries are matching now so 

that GGI interfaces are eliminated. 

Fig. 2 presents a part of the mesh 

from the lower plenum. The num-

ber of cells for this model part has 

increased from 2.6 millions to 13.4 

millions. The RPV model consists 

of 23.8 million cells, by which 9.6 million are used for the mesh of the upper plenum containing char-  

 
Fig. 1: The RPV model 
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acteristic elements like the 

outlet nozzles, two perforated 

walls and control rod guide 

tubes. The hexahedral core is 

constructed by 0.8 million 

structured cells representing 

163 individual assemblies. 

Each assembly is formed by 

a hexahedral channel with a 

circular empty core, so that a 

blocking of 46% is achieved 

and individual pins are not 

considered. The primary 

loops are meshed with ap-

proximately 10 million cells 

so that the Loop model con-

tains 34 million cells. For the 

inlet nozzles, the downcomer 

and some parts of the lower 

plenum a CAD model by 

Bieder [2] was used. For 

other parts like the elliptical 

bottom plate or the upper 

plenum the construction was 

performed directly from 

technical drawings provided 

within the VVER-1000 cool-

ant transient benchmark [3].    

 

 

In comparison to the parental 

version of the mesh, the 

inlets, downcomer and lower 

plenum are meshed com-

pletely new with finer spatial 

resolution and some more 

details such as an elliptical 

bottom plate perforated by 

1344 holes with a diameter 

of 40mm and the perforated 

upper part of the core support 

columns. In locations inside 

and around such holes the 

average grid spacing is re-

duced to 10mm. In the for-

mer version the elliptical 

bottom plate was modelled as 

a free volume with a spatially 

homogeneous loss coeffi-

cient. The holes are now (coarsely) resolved by the grid so that no additional loss coefficient is neces-

sary anymore. For the upper part of the support columns it was not possible to resolve all geometrical 

details. 

Fig. 2: Mesh from the lower part of the RPV 

Fig. 3: Detailed model from the  perforated part of a standard support 

column 



 4 

Each of the 163 support 

columns is formed by a 

solid cylindrical lower part 

and a tube like upper part 

perforated by 14 rows with 

together 420 slots and at 

the 42 peripheral positions 

by 12 rows with 360 slots. 

The length of each slot is 

30mm at a width of 3mm 

and a wall thickness of 12 

mm.  For the two type of 

columns detailed models 

consisting of around 

250000 cells for the 

evaluation of the pressure 

losses were developed, see 

Fig. 3. The detailed model 

resolves a 12° part in full 

detail. The spatial bound-

ary resolution was chosen 

that y
+
 at the perforations is 

in a range around 10. For 

the characteristic coolant flux of 17.9 tons/s water through the whole system, 540 K and a system pres-

sure of 15.6 MPa pressure losses of around 24000 Pa for a column at a peripheral position and 22000 

Pa for a standard position tube between the inlets and the outlets of the tubes were calculated. In the 

resulting reactor models these perforations and the free inner parts are considered as free flow volumes 

with additional pressure loss coefficients for the perforated wall parts dependent on the position of the 

column. The loss coefficients were adjusted by the calculated pressure losses from these perforations. 

 

The benchmark specifications provide some pressure data for  steady state conditions which are used 

in order to control the model accuracy especially for the new model parts. Between the inlet and a 

location just below the core support plate the design pressure drop P0-P2 (see Fig. 1) for nominal 

steady state conditions (17.9 tons/s coolant flux) is specified as 0.1971 MPa while the new RPV model 

predicts 0.170 MPa without any adjustments. The overall pressure drop P6-P0 is specified as 0.376 

MPa and calculated as 0.359 MPa which means that the pressure losses are underestimated (up to 15%   

locally) by the model.   

 

It was also tried to model the perforations with a porous media approach but this would have required 

a much better spatial resolution in radial direction as if prospected. Within the RPV and Loops model 

the perforated upper part of each support column is resolved by approximately 6000 cells. The flow 

structures are fitting quite well, if the streamline plots from the detailed model by Fig. 3 are compared 

with those of the full model presented by Fig. 4.  In radial direction the perforated walls are repre-

sented only by one cell which leads in case of a porous media approach to convergence difficulties. 

The location marked by ‘perforated wall´ was affected by an additional isotropic pressure loss term.  

 

The implementation within CFX [4] is done by the momentum equation: 
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Fig. 4: The flow around a standard support column at the lower plenum 
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RC1   and 
RC2  are linear and quadratic resistance coefficients. 

spec

iS is a user defined additional source. 

For the quadratic resistance coefficient a value of 180 [kg/m
4
] for the perforations of the standard col-

umns and 220 [kg/m
4
] for those at the peripheral, outer positions is used. 

 

For the core model which resolves the assemblies but does not take the individual fuel pins into ac-

count additional pressure loss coefficients defined by 

uu
x

p
||

2

ρλ=
∂
∂−  (3), 

where u is the velocity component in streamwise direction and ρ is the density of the fluid, are intro-

duced. For the assemblies λ=3 is assumed. The core is surrounded by a bypass channel which carries 

app. 3% of the total mass flux. For the bypass channel λ=1.2 is used. These values were obtained by 

captured measured pressure losses. 

 

 The latest model 

within this series is 

the extension of 

the new RPV 

model with the 

primary loops and 

its components like 

the steam genera-

tors and pumps, 

see Fig. 5. One 

essential problem 

for this most ambi-

tious project was 

the lack of techni-

cal specifications 

being available. It 

was not possible to 

get CAD data or 

even a less detailed 

geometrical de-

scription about the 

impeller shapes of 

the pumps. The results show that a recirculation zone at the outlet of the pumps and  the rotation of the 

impellers have a strong influence on the coolant mixing process until the flow enters into the lower 

plenum of the RPV. As consequence the interaction of the impellers with the fluid has to be modelled 

by volumetric momentum source terms derived by measured mass flow rates. Within the pump hous-

ing a constant axial pressure gradient was introduced adjusted by the measured mass flows rates of 

each loop. The implementation follows (1) and (2) by using a value of 
spec

iS =1.30*10
6
 [kg m

-2 
s

-2
] for 

the axial component in a local cylindrical coordinate system. In fact the interaction of the impellers 

with the coolant is a 3D,  instationary process. When passing through the pump the fluid suffers a 

pressure increase between inlet and outlet, additionally a radial and circumferential local instationary 

momentum transfer through the interaction with the impellers. Finally the impellers are acting as tur-

bulence source. For a detailed quantitative analysis an implementation of the impeller shapes together 

with a frozen rotor approach or a sliding mesh implementation for consideration of their rotation is 

necessary.  

 

The four cylindrical steam generators are forming a pool which is crossed by around 11000 u-pipes 

containing the primary fluid. In the model the secondary side is not considered and the u-pipe struc-

tures are not resolved in detail and are covered only by a porous media approach in order to get the 

correct mean flow residence times and pressure losses.  

 

Fig. 5:  The Primary Loop model  
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Furthermore the heat transfer through the u-pipe walls is introduced as a constant volumetric heat 

source based on plant data and with linear dependency on the difference between the mean fluid tem-

perature at the entrance of the steam generators and a constant temperature on the secondary side. In 

Fig. 5 the flow path within the steam generator of loop 3 is indicated. After the entrance into the steam 

generator the flow separates into 2 parts with approximately the same fluxes and moves along an in-

ternal wall towards the outlet. The total amount of heat removal Qj,tot from steam generator j is calcu-

lated as  

 
sjpj

sjpj

totj
TT

TT
QQ

,0,

,,

0, −
−

−=    (4), 

 

where Q0 is a given total amount of heat at a reference point, Tj,s is the temperature from the steam 

generators primary side at a reference point, Tj,p0 is the temperature at the entrance of the steam at 

reference conditions and  pjT , is the volume-averaged temperature from the RPV outlet until the inlet 

of the steam generator. This equation implies that the mass flux and pressure at the secondary side are 

equal or very close to those at the reference point. Moreover the heat transfer is direct proportional  to 

the temperature difference between the primary and secondary side. It has to be mentioned that it is 

not sufficient to define a heat source independent on the fluid temperature because the loop model is a 

closed system without inlets or outlets where the fluid temperature can be specified. As the nuclear 

sources of the core are specified as absolute values and the outer walls of the system are considered as 

adiabatic, eq. (4) is the only possibility for the solver to adjust the temperature of the fluid. 

 

The nuclear heat sources of the pins are introduced as a volumetric source dependent on the individual 

assembly and its local axial position. For all presented cases the heat sources are derived from a 

PARCS simulation described by Sanchez and Böttcher [5]. 

 

For the Loop and the RPV model a SST (Shear Stress Transport) turbulence model is applied. It has to 

be mentioned that in the previous RPV model version which is referenced in chapter 4 for comparison 

of results a standard k-ε model was used. For the spatial discretization a 1
st
 order donor cell and the 

standard 2
nd

 order method by CFX is used in order to check influences on the results. The time integra-

tion was performed by using a 2
nd

 order Euler-Backward method.    

 

3. Description of the scenario – boundary conditions 
 

During the plant-commissioning phase of the Kozloduy nuclear power plant a well documented series 

of experiments for studying the mixing process of the loop flows in the pressure vessel were per-

formed [6]. The reactor power is at a level of 9.6% of its thermal reference power of 3000MW so that 

the feedback between thermal hydraulics and the neutronics is weak and the process can be considered 

as a thermo-hydraulic problem. Starting from a steady state situation where all pumps are providing 

nearly the same flow rate of approximately 4600-4700 kg/s at a core power of 281 MW loop 1 gets 

isolated from its steam generator. During the next 20 minutes a heat up of 12 K is observed. Another 

10 min later a new steady state situation is reached. Within the transients the core power increases to 

286 MW. 

 

The following conditions and model parameters are used for the initial steady state calculations for the 

different model versions:  

 

 

Table 1: Boundary conditions for the RPV model 

Loop no Inlet temperatures [K] Flow rate [kg/s] Rel. outlet press. [Pa] 

1 541.72 4737 0 

2 541.65 4718 0 

3 541.88 4682 0 

4 541.85 4834 0 
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For the transient simulations the flow rate and inlet boundary conditions for the RPV model are pre-

sented by Fig. 6.  

 

  

a) Flow rates at the inlets b) Inlet temperatures 

Fig. 6: Transient boundary conditions for the RPV model 

 

In case of the Loop model the system is closed so that no boundary conditions can be specified. The 

mass fluxes are controlled by the momentum source terms of the pumps while the fluid temperature 

are handled by the heat source terms of the steam generators. The precision by which the max fluxes 

and fluid temperatures can be established is much lower due to numerical fluctuations from the solu-

tion which would require a longer integration time. The accuracy of the flow rate plant data was speci-

fied by ±2.2%. The steady state simulations for the loop model were accepted as solution if the mass 

fluxes were moving within the just mentioned error range around the measured data. Furthermore for 

all cases presented in this paper the simulation was considered to be converged if all normalized re-

siduals were below 5e-04 and the global balances especially for energy were fulfilled with an accuracy 

less than 1%. 

 

For the steady state calculations it is assumed that all steam generators remove the same amount of 

heat because the flow rates in the loops and the heat transfer conditions in the steam generators are 

nearly equivalent. Some additional information is introduced by the specification of the heat removal 

term. For calculation of the source terms given by eq. (4) the parameters are given by Table 2. 

 

Table 2: Parameters for calculation the heat removal by the steam generators by eq. (4) 

 Loop 1 Loop 2 Loop 3 Loop 4 

Tj,s [K] 541.72 541.65 541.88 541.85 

Tj,p0 [K] 545.0 544.78 545.03 545.0 

  

Q0 is assumed to be 70.25MW. It has to be mentioned that Tj,p0 are the measured temperatures at the 

RPV outlets. 

 

For both models the system pressure is assumed to be 15.6 MPa. All outer model boundaries are con-

sidered as adiabatic. Furthermore no solids are considered. In case of transient calculations with the 

Loop model the parameters given by Table 2. Q0 and the momentum source terms from the pumps are 

left constant. For loop 1 Q0 is set to 0 MW for initiating the heat up. 

 

4. Selected model results 
 

For comparison, several plant data such as thermocouple measurements at the main inlets and outlets, 

from the assemblies at the core outlet and flow rates are available, see [3]. Additionally mixing coeffi-

cients derived from thermocouple measurements are used. The accuracy of temperature measurements 

is specified by ±2K. The error for mixing coefficients is not specified. At first a steady state analysis 
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of the temperature distribution at the core outlet is presented. The theoretical average temperature rise 

can be very easily calculated as approximately 3.3K by using a flow rate of 0.97*17900 kg/s, a ther-

mal heat release of 281 MW and a specific heat capacity from the coolant (water) of 4900 J/kg K. The 

figures 7 and 8 show a comparison of the assembly outlet temperatures for the RPV model and the 

Loop model. The core consists of 163 assemblies. Their numbering is visible in figure 10.  

 

 

The predicted temperatures from both models are quite similar which means that the velocity distribu-

tion at the core inlet is more or less invariant against different conditions of velocity and turbulence 

parameters at the inlets of the downcomer if the total mass fluxes are the same. Also the temperatures 

at the RPV inlets are quite similar, see Table 1. The differences between simulations and measure-

ments are less than 1.2 K, i.e. within the accuracy of the thermocouple measurements. The measure-

ments are about 0.5K below the theoretical core outlet temperature of 545.08K, while the predicted  

averaged assembly outlet temperature are 544.77K (RPV model) and 544.95K (Loop model).  

These are good results because the increase of the internal energy at the core region is low against the 

total internal energy. The global energy balance of the simulations was fulfilled with an accuracy of 

1‰ which reveals excellent convergence behaviour. 

 

Fig. 7: Assembly outlet temperatures for the RPV model 

 

Fig. 8: Assembly outlet temperatures for the Loop model 
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In Fig. 9 the steady state temperature distribution from the Loop model together with the flow situa-

tion at loop 1 illustrated by streamlines is shown. The temperature distribution within the core shows 

hot spot regions which is a consequence of fuel assemblies with higher enrichment. The coolant flows 

into the downcomer with a temperature around 542 K. By passing through the core it is heated up by 

3.3K in average. On its way to the RPV outlets through the upper plenum with guide tube structures 

two perforated walls have to be passed. When leaving the vessel the temperature gradients have de-

creased but temperature stratifications are still visible in the pipe connections to the steam generators.  

 

An effect which could not be reproduced by any model was the anti-clockwise rotation of flow pat-

terns at the entrance of the core.  The loops from unit 6 of the Kozloduy power plant are asymmetric 

placed in circumferential direction against the core. The displacements are only in a range of 3° so that 

they cannot explain the flow pattern rotations in the observations. 

 

Figs. 10, 11 and 12 are presenting a 

comparison of mixing coefficients 

from loop 1 from the RPV and Loop 

model with plant data taken from 

[3]. Mixing coefficients can be un-

derstood as mass fractions within a 

control volume which originates 

from the loop concerned.  From 

measurements can be seen that loop 

1 influences a segment with an angle 

of approximately 120°. The central 

area of influence with mixing coef-

ficients close to 1 (red colour) shows 

an anti-clockwise rotation of around 

15°. The new RPV model predicts a 

distribution with an angular spread 

of 105° and nearly no rotation of the 

central area.  

 

The Loop model predicts a rotation 

from the center of about 90° which 

is much stronger then observed in the experiments. The area of influence spreads about more than half 

of the total cross section. The situation is demonstrated by a streamline plot in Fig. 9.  

 

The reason can be found in the pump model. At the asymmetric placed outlet an axial circulation is 

formed. Because of the boundary friction at the pipe walls on the way to the vessel inlet the circumfer-

ential velocity component decays but at the entrance of the vessel a significant part still exists. The 

flow swirl seems to be significantly overpredicted.  

 

The final part of results which is presented considers the transient heat-up from loop 1. Figs. 13-16 are 

presenting a comparison of temperature measurements for the heat-up scenario taken at the outlets 

from the pressure vessel against model results from the old and new RPV model. For all transients a 

time step of 12s is used. Both models predict the temperature rise of the disturbed loop quite well but 

the new RPV model shows an overprediction of about 2K. This refers to an underestimation of the 

mixing process between the disturbed loop and its neighbours due to other influences not taken into 

account. The time delay observed in the experimental data is reproduced now much better by the new 

model. Furthermore the time fluctuations of the measurements can be found in the simulations, see 

Fig. 14 and 15. Even the fluctuations with a lower frequency can be in principle reproduced now by 

the new model.  

 

 

Fig. 9: Steady state temperature distribution from the RPV 

model 
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One exception seems to be given by loop 4 (Fig. 16), 

where the older results are much closer to the obser-

vations. The interaction with the disturbed loop is 

strongly overpredicted by the new RPV model using 

a 2
nd

 order method. 

 

As can be seen in the predictions, there is an influ-

ence of the discretization method especially for the 

transient cases. The most significant influence is 

found at loop 4 which is located on the left hand side 

at the immediate neighbourhood of the disturbed loop 

1 while at the other loops the influence of the discre-

tization scheme is much smaller. Surprisingly the 1
st
 

order method is much closer to the measured data. In 

a previous model version with a coarser grid this be-

haviour was found for all loops and could be ex-

plained by the compensation of missing turbulent 

mixing by the increased numerical diffusion of a 1
st
 

order method. The reason is not clear and needs fur-

ther investigations.  Additional tests with different 

turbulence models and with shorter time steps have 

lead to very similar results. 

 

First transient simulations with the Loop model (see  

the red curves in Fig. 13-16) show that the heat-up 

from loop 1 is significantly underestimated. Due to 

the much stronger swirl in the downcomer the tem-

perature rise at loop 2 is significantly above the 

measurements. The heat up of Loop 4 is underesti-

mated. This can be understood as consequence of the 

overestimated anti-clockwise swirl which separates 

the interaction areas from loop 1 and 4. Without im-

plementation of the pump impellers or (and) addi-

tional artificial tasks like damping of the flow swirl at 

the cold legs between the pumps and the RPV inlets 

an accurate reproduction of  the plant behaviour 

seems to be not  possible.  

 

5. Summary and outlook 
 

Based on a former work a CFX model for the RPV of 

a Russian VVER1000 pressurized reactor with in-

creased spatial grid resolution including all relevant 

geometrical details is presented. The model is ex-

tended by simplified primary loop components like 

pipes, pumps and steam generators. Due to the com-

plexity and the lack of geometrical detail information 

the pumps and steam generators are modelled only by 

simplified outer shapes and homogeneous volumetric 

source terms for momentum and energy exchange. 

The prediction of coolant mixing with the new RPV 

model is improved but the rotation of mixing patterns 

observed at the core inlet is not correctly reproduced. 

With the extended loop model a rotation of mixing 

patterns is predicted but it is significantly overesti-

mated. The consideration of the pump impellers ge-

 
Fig. 10: Mixing coefficients – Loop 1 

Plant data 

 
Fig. 11: Mixing coefficients – Loop 1 

RPV model 

 

Fig. 12: Mixing coefficients – Loop 1 

Loop model 
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ometry and a revision of the pump housing geometry seems to be necessary for an improved model-

ling of swirl of flow patterns. The limitations of the Loop model are given by the computational time, 

the unavailability of some technical details and by the large development time for a model like this. 

Therefore the presented results from the Loop model have to be considered as a qualitative study. The 

experiences assembled in this work will be used for primary loop studies of decay heat removal within 

the ELSY (European Lead cooled System) project but with less detail resolution. 
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Fig. 13: Temperature at outlet of loop 1 
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Fig. 14: Temperature at outlet of loop 2 
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Fig. 16: Temperature at outlet of loop 4 
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Fig. 15: Temperature at outlet of loop 3 
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Abstract 

 
Buoyancy driven flow is found in many engineering application such as the mixing of fluids with 
different densities. In nuclear reactor safety the mixing of borated and deborated water is a critical 
issue that needs investigation, assessment and prediction. As nuclear reactor geometries are complex, 
in this study a simple vertical mixing test facility (VeMix) was used to validate numerical models. 
Through the application of defined initial conditions in the test facility the mixing process could also 
be predicted by CFD simulations performed with ANSYS CFX software. A newly developed planar 
sensor was applied to experimentally investigate the mixing process. The sensor yields images of fluid 
distribution over the sensor’s surface by individually interrogating the conductivity of a multitude of 
sensing structures. Furthermore, an image processing algorithm based on the optical flow concept was 
implemented and tested which allows the measurement of flow pattern velocities. Validation 
experiments were performed in the VeMix test facility which show typical vertical and horizontal flow 
pattern under different flow regimes. The data from the planar sensor of mixing process and velocity 
fields were used for the validation of the simulation results. Comparisons of the experimental results 
with the corresponding simulations show similar flow patterns and typical periodic behavior. 
 

1. INTRODUCTION  

Buoyancy driven flow is often found in many engineering application such as mixing process of fluids 
with different density. In nuclear reactors, fluid mixing induced by buoyancy effect is relevant for 

• boron dilution issues, when highly borated water with different temperature mixes with the 
ambient water in the reactor pressure vessel, 

• pressurized thermal shock scenarios, when cold emergency cooling water is injected into the 
reactor and is contacted with the vessel wall, and 

• containment analysis, when in the case of severe accidents, hot hydrogen and steam mix with 
the containment atmosphere. 

 
Especially the problems related to the fluid mixing of borated and unborated water has been the scope 
of investigation (Rohde et al., 2005; Höhne et al., 2006). In certain situations such as when a lack of 
boron concentration occurs in the reactor, additional borated water is added to the core via an 
emergency injection system. This borated water has usually a colder temperature than the ambient 
coolant. Therefore, both the boron concentration and the temperature will affect the density difference 
of the fluids being mixed and therefore affect the mixing processes that occur in such situations. Thus, 
the degree of mixing of weakly and highly borated coolant is a critical issue with respect to the 
reactivity insertion into the reactor core. In this way, understanding the impact of such phenomena can 
help in the design and operation of nuclear reactors and many other process industry operations. 
 
The aim of the present study is to analyze the mixing processes related to the boron dilution problem 
in reactor safety-relevant scenarios. A combined numerical and experimental study of buoyant mixing 
processes has been performed. A simple vertical test facility called VeMix was chosen for validation 
of numerical models of the mixing process, as nuclear reactor geometries are complex leading to the 
mixing processes that are not widely understood or where the influence of the buoyancy may not be 
significant.  
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In the following section, the experimental test facility VeMix, the CFD models used and typical flow 
regimes encountered are described. A newly developed planar sensor along with optical observations 
was applied for the experimental evaluation of buoyancy driven flows. The use of the optical flow 
method allows the estimation of velocity fields of the experimental data obtained with the planar 
sensor. The planar sensor as well as the working principle and implementation of data processing 
algorithm based on the optical flow method are described in section 3. Finally, the experimental and 
simulation results are presented and discussed in section 4. 
 
 

2. EXPERIMENTAL SETUP AND CFD MODEL 

2.1. VeMix test facility 

A vertical mixing test facility (VeMix) with simple geometry having rectangular cross section was 
designed and constructed (Fig. 1). Five identical rectangular segments are stacked together. Each 
segment is made of acrylic glass which is 500 mm wide by 625 mm high by 100 mm deep. The whole 
test section is 3.32 m high. A flow inlet is located in between segments 1 and 2, while an outlet is 
positioned in between segments 4 and 5. Segment number 2, right after the inlet, is instrumented with 
the planar sensor (see section 3). In this region the most interesting mixing process occurs. The facility 
ensures that the gravity force acts along a significant length scale.  
 
In order to visualize the mixing process of two liquids having different densities in a controlled 
manner, the following experiment was carried out. Water-glucose mixtures were used to produce 
density gradients. A glucose-water solution containing 6% glucose has a corresponding density of 
1020 kg⋅m-3, i.e. 2% density difference to distilled water.  
 
The execution of one single experiment consists of few subsequent steps.  
1. Water is added into the test section up to the bottom of segment 2. 
2. Water-glucose solution is very slowly inserted from the bottom taking care not to mix both 
components. In this way, a layered structured is obtained having clean water in segments 1-2 
and the more dense water-glucose solution in segments 3-5. This step ensures the formation of 
a well-defined initial condition which is very important for later comparison purposes with 
CFD simulations.  

3. Finally, the mixing process is initiated by flowing water-glucose solution through the inlet 
with a given constant flow rate. 

 
 

2.2. CFD model 

The CFD code for simulating the mixing studies was CFX-11 (CFX11, 2007). CFX-11 is an element-
based finite-volume method with second-order discretisation schemes in space and time. It uses a 
coupled algebraic multigrid algorithm to solve the linear systems arising from discretisation. The 
discretisation schemes and the multigrid solver are scalably parallelized. CFX-11 works with 
unstructured hybrid grids consisting of tetrahedral, hexahedral, prism and pyramid elements. An 
extensive grid study was done and as a result of it, a uniform hexahedral node distribution was 
selected for the simulations, whereby the resulting grid has 420,000 nodes and 346,000 elements. 
 
The following parameters were used in the simulations discussed in this section. The SST buoyancy 
turbulence model was used. The SST model (Menter, 2002) works by solving a turbulence/frequency-
based model (k–ω) at the wall and k-ε in the bulk flow. A blending function ensures a smooth 
transition between the two models. 
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Fig. 1: Schematic diagram (a) and photograph (b) of the test facility used in the buoyancy-driven flow 
experiment. 
 
All transient calculations were done with the higher order scheme “High Resolution” in space and 
“Fully implicit 2nd order backward Euler” in time. For both discretization schemes the target variable 
does not change any more for convergence criteria below 1 × 10-4. Therefore this convergence 
criterion is used for all calculations. Double precision was used. The inlet boundary conditions were 
set depending on the chosen flow rate, i.e. 

• velocityIn = Q / A 
• velocityOut = Q / A 

where Q is the flow rate and A = 0.05 m2 the cross-section area of the VeMix test section. 
Furthermore, for all simulations and experiments water with ρw = 997 kg/m

3 (T = 25 °C) and water-
glucose solution with a density of ρwgs = 1017 kg/m

3 were used, i.e. with a density gradient of 
∆ρ = 2%. 
 
The domain was filled up to 1.8 m, i.e. up to bottom of segment 2, with heavy liquid. Transient 
experimental values were used. No specific velocity profile is given. As an initial guess of the 
turbulent kinetic energy and the dissipation rate the code standard is used. The outlet boundary 
condition was an opening using outflow velocities. The multicomponent buoyant flow option using 
different fluid densities were used to describe the mixing processes (Höhne, 2006).  
 
Transient calculations with 300 s simulation time with time steps  

• ∆t = 0.1 s, for 0 ≤ t ≤ 30, and  
• ∆t = 0.5 s for 30 <  t ≤ 300 
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were performed on the FZD LINUX cluster. The cluster runs at Linux Scientific 64 bit operational 
system and comprises 32 AMD OPTERON Computer Nodes. Each computer node is formed by 
2 × AMD OPTERON 285 (2.6 GHz, dual-core) with 16 GB memory. Simulations took approximately 
3 days each to complete. Four processors were used for the simulations presented here in a parallel 
mode with the message passing protocol PVM. 
 

2.3. Flow characterization 

Through the application of defined initial conditions as described above the mixing process could also 
be investigated by CFD simulations. First validations of the simulated flow were performed by visual 
inspection of mixing behavior by a video camera. For this purpose, water-glucose solution was marked 
with a blue dye tracer. Fig. 2 shows snap shots of simulation results and images taken with the camera 
for the indicated conditions which show typical vertical and horizontal flow pattern under different 
flow regimes. 
 

 
 

(a) falling down regime: flow rate = 0.4 l/s, Ri = 2.12 (b) horizontal jet regime: flow rate = 0.7 l/s, Ri = 0.69 
 
Fig. 2: Flow regime during the flow condition ∆ρ = 2%, L = 0.83 m and flow rate is indicated in each 
figure. The water-glucose solution was marked with a dye tracer. 
 
 
The observed flow behavior can be characterized by an internal Richardson number, a non-
dimensional number which is the ratio between the buoyancy and the momentum forces 

 
2

2
w

g L
Ri

v

ρ
ρ
⋅ ⋅ ∆=

⋅
 (1) 

where g = 9.81 m/s2 is the acceleration due to gravity, L characteristic length scale, which defines the 
thickness of the layer between the clean water and water-glucose solution L = Hinlet − Hfill, 
Hinlet = 2.63 m and Hfill = 1.8 m for the case here, ∆ρ density difference between the two liquids, ρw 
clean water density and v the characteristic velocity of the VeMix test facility, which describes the 
movement of the interface between the liquids and is determined by 

 
Q

v
A

= . (2) 
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where Q is the flow rate and A = 0.05 m2 the cross-section area of the VeMix test section. Other 
characteristic length and velocity scales could be applied in definition of the Richardson number, for 
instance, the hydraulic inlet area in (2) for the definition of the characteristic velocity. However the 
described scales were chosen because they enhance the sensitivity of the obtained Richardson numbers 
regarding to the flow pattern transition of regimes and thus better describe the mixing pattern 
developed in the facility. 
 
Basically two different flow regimes can be indentified from the simulation and experiments and are 
properly characterized by the Richardson number: 

• for Ri > 2 regime of flow falling jet patterns are shown in fig. 2a . The gravity force acts along 
the vertical axis and is significantly stronger than momentum forces driven by inlet flow rate. 
The jet drops near to the wall below the inlet nozzle. 

• for Ri < 1 regime of flow horizontal jet patterns are shown in fig. 2b. The momentum force 
driven by input flow rate is stronger than gravity force, which results in the formation of a 
horizontal jet. The horizontal jet influences the transient mixing behavior, as oscillation waves 
are formed on interface between the heavier water and the lighter water. 

 
For intermediate values between 1 and 2 a transition regime occurs. The gravity and momentum forces 
are in near equilibrium and the resulting flow pattern strongly depends on the force ratio. In this 
regime it is not easy to predict the flow pattern observed. 
 

3. PLANAR ARRAY SENSOR AND VELOCITY FIELD ESTIMATION 

3.1. Planar array sensor 

The most interesting location in the VeMix vessel was found to be just below the inlet nozzle. 
Therefore, the planar sensor was placed here in order to study the mixing behavior of the two liquids. 
The planar array sensor used to investigate the mixing behavior was manufactured using standard 
printed-circuit board (PCB) fabrication technology. It was built in a rectangular geometry with 4096 
interdigital sensing structures evenly distributed over an area of 620 mm × 500 mm (figure 3). The 
interdigital sensing structures are multiplexed in a matrix with 64 driver (rows) and 64 sensing 
electrodes (columns). The sensor board was designed to fit to a segment of the VeMix experimental 
flow channel (see section 2). 
 
 

 
 
Fig. 3: Printed-circuit board of a planar sensor containing 64 × 64 interdigital sensing structures fitted 
to a segment of VeMix test facility. The size of each sensing structure is 5.8 mm × 6.6 mm and the 
size of the whole sensor is 620 mm by 500 mm. 
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An associated electronics measures the liquid conductivity of each sensing structures in a multiplexed 
and fast manner. The transmitter electrodes are sequentially excited by a bipolar voltage signal while 
the non-active electrodes are grounded. The electrical currents flowing from the activated transmitter 
electrode to the receiver electrodes are measured synchronously while the transmitter electrodes are 
being activated consecutively. After all transmitter electrodes have been activated once a complete 
frame of the conductivity distribution at all sensor structures has been acquired. Figure 4 depicts a 
schematic diagram of the electronics and the timing diagram of the electrical signals. The maximal 
frame rate achievable for this sensor is 2,500 images/s (Da Silva et al., 2007).  
 

 
 
Fig. 4: (a) Simplified block diagram of the measuring electronics. (b) Timing diagram for the 
multiplexed excitation and measuring scheme for the sensor. Voltages are sampled at the rising edge 
of the sample-and-hold signal. One frame is complete when the 64 transmitter electrodes have been 
activated and all currents have been measured. The signal SP denotes the polarity switch and S1 to 
S64 the analog switches. 
 
 
Basically, the voltage values measured by the surface sensor are proportional to the electrical current 
flowing from transmitter electrodes to receiver electrodes. This current in turn depends on the 
electrical conductivity κ of the operating liquid and on the liquid wetting level of a sensing structure. 
Since the liquid level over the sensor is always constant in the VeMix test facility, it can be stated that 
the measured voltage is directly proportional to the liquid conductivity value of each sensing structure 
in the form (Da Silva et al., 2007): 

 ( ) ( ) ( ), , , ,V i j k a i j b i jκ= ⋅ + , (3) 

where V is the electronics’ voltage output, a and b are constants, and i and j denote spatial coordinates 
and k the temporal point index. As described in detail in section 2, to simulate density gradients clean 
water and water-glucose mixtures were used as fluids in the present work. Additionally, one of the 
fluids was marked with a NaCl salt tracer to introduce conductivity differences and thus making the 
mixing process of clean water and glucose-water solution visible to the planar sensor. It has been 
shown that the conductivity measurement can be linked to density gradients by (Prasser et al., 2003) 

 ( ) ( ) ( ) ( )L L L

H L H L H L

, , , , , ,
, ,

V i j k V i j k i j k
i j k

V V

κ κ ρ ρ
Θ

κ κ ρ ρ
− − −

= = ≅
− − −

 (4) 
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where Θ is called mixing scalar (assuming values between 0 and 1), V is the measured voltage, κ  
conductivity, and ρ density. The subscripts H and L stand for the high and low values, respectively, 
which represent the parameter difference of the used liquids.  
 
 

3.2. Optical flow 

Computation of velocity distribution from measured image data gained increasing attention since 
improved performance of computers enabled calculation of computationally intensive codes. Up to 
now numerous image processing modalities of optical flow techniques have been proposed for motion 
estimation which present some advantages over cross-correlation methods (Beauchemin and Barron, 
1995; Jähne, 2002; Corpetti et al., 2004). These methods have been developed especially for 
processing of images from optical acquisition systems. There, the projected motion field from the real 
3D-scene onto the image scene is extracted from the spatio-temporal change of the gray values in the 
corresponding image sequence which is defined as optical flow (Jähne, 2002). The optical flow 
method evaluates the change of brightness (or intensity) in a sequence of images caused, for example, 
by the movement of an object, and corresponds these intensity gradients to a velocity field. 
 
The planar array sensor is evidently no optical acquisition system and the gray values in the images 
represent an electrical parameter, i.e. the measured conductivity value at each electrode pair is 
represented by a gray value of the corresponding pixel in the image. However, the measured 2D 
conductivity value distribution represents the projected flow scene on the sensor surface in a given 
experiment and thus carries information of the superficial velocity field. That is, the velocity field can 
be calculated from the gradients of the gray values. The velocity vector v(x,y) can be inferred from the 
2D optical flow vector by the relation  

 ( ) ( ) ig

j

, ,
fk

x y i j
ft

 
⋅ =  ∆  

v = f , (5) 

where kg is an scalar value which describes the geometry factor of the system and ∆t is the time 
between two consecutive images. 
 

3.3. Optical flow for the planar sensor data 

As a first step, we implemented a differential optical flow algorithm to estimate the flow vector ( )i, jf  

for each pixel i and j at time t of the 2D-image from the spatio-temporal derivatives of the gray values 
in the image sequence. For the present sensor, i and j vary from 1 to 64, since the sensor has 64 × 64 
sensing structures. The algorithm is based on a concept similar to the continuity equation in fluid 
dynamics, where the amount of mass is constant. Here the gray value distribution g(i,j) in local time-
varying image areas is assumed to be nearly constant for a short period, which yields the optical flow 
constraint equation 

 0tg g∇ ⋅ + =f , (6) 

where ∇g is the local gradient of gray value, i.e. the spatial derivatives of the local gray value 

 
i

j

g g

gx x
g

g g g

y y

∂ ∆   
     ∂ ∆
   ∇ = ≈ =  ∂ ∆     
   ∂ ∆   

 (7) 
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in horizontal direction x and vertical direction y corresponding to the indices i and j in the image plane 
(Jähne, 2002). Further, gt is the discrete temporal derivative of the local gray value  

 t

g g
g

t t

∂ ∆≈ =
∂ ∆

. (8) 

 

 
Figure 5: Illustration of the local view to the image through the spatio-temporal derivatives. The 
displacement vector of the edge in a) can not be determined exactly due to the aperture problem, 
whereas the movement of the corner b) can be observed correctly. 
 
However, the spatio-temporal derivatives are local operators, which act only in small regions of the 
image, which can be illustrated as a mask or aperture applied to the image (see fig. 5). The solid line in 
fig. 5a corresponds to an edge that is moving to the position of the dashed line in the second image. 
Due to the limited view of the local operators, the displacement vector of the optical flow may be 
connected from one point on the solid line to any point on the dashed line, i.e. there is no unambiguous 
correspondence. Thus, only the normal component f⊥  of the displacement vector can be correctly 

determined, whereas the parallel f
�
 component remains unknown. This phenomenon is well known as 

aperture problem (Jähne, 2002). Thus, the optical flow constraint equation (6) is ill-posed. With the 
local operators the vector can only be determined exactly when a corner of the object falls within the 
mask of the local operators as depicted in fig. 5b. 
 
Due to the aperture problem, further conditions have to be taken into account to determine the vector 
of the optical flow. We used a global smoothness constraint first introduced by Horn and Schunk 
(1981) for regularization of the optical flow constraint equation. The global smoothness constraint 
assumes that optical flow vectors of neighboring pixels are nearly identical, i.e. the difference between 
the local average value of the optical flow f  and the optical flow of the neighboring pixels is 

assumed to be minimal. This hypothesis yields the quadratic difference 

 ( )22
fδ = −f f . (9) 

Combining equation (9) with the uncertainty in the constraint equation resulting from signal noise 

 n tg gδ = ∇ ⋅ +f  (10) 

yields the overall uncertainty constraint 

 2 2 2 2
f nδ α δ δ= ⋅ + , (11) 
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which has to be minimized to achieve an estimation of the optical flow vector field, where α is a fixed 
weighting factor being estimated empirically, to adjust the impact of both terms of the uncertainty. In 
our calculations the value of 0.1 was used. Minimization of δ² is achieved by claiming 

 
2 !

i

0
f

δ∂ =
∂

 (12) 

and 

 
2 !

j

0
f

δ∂ =
∂

, (13) 

from which one obtains two equations to be solved for each individual component of f. Since 
analytical solution of these both equations for all pixels of the image is highly computational intensive, 
an iterative set of two equations is derived from (12) and (13) according to the Gauss-Seidel method 
(Horn and Schunk, 1981): 

 
n n

i i j j tn+1 n
i i i 2

i j

⋅ + ⋅ +
= −

+ +
g f g f g

f f g
g gα

 (14) 

and 

 
n n

i i j j tn+1 n
j j j 2

i j

⋅ + ⋅ +
= −

+ +
g f g f g

f f g
g gα

. (15) 

Equations (14) and (15) are solved iteratively for every step in time t and the optical flow in the 
iteration (n + 1) is estimated by the spatio-temporal derivatives and the previous locally averaged 

optical flow n
f  (Horn and Schunk, 1981). The iterative algorithm for every step in time t is shortly 

described below. Initially, the spatio-temporal derivatives are calculated for every pixel and the 

averaged values 0
if  and 

0
jf  are set to zero. The first iteration is carried out yielding the optical flow 

components 1
if  and 

1
jf . The neighboring pixels are averaged locally with a 2D-averaging filter for 

every pixel of the image to achieve 1
if  and 

1
jf  which are used in the next iteration. This process is 

repeated until the difference between two iterations is below a given value in the form 

 n+1 n ε− ≤f f , (16) 

which is the norm of the difference between two consecutive iterations. In the calculations we 
empirically chose ε to be 10-3. In this way, the progress of the algorithm is adapted to the individual 
composition of the local spatio-temporal derivatives. 
  
In fact, the calculation of the local spatio-temporal derivatives in the standard algorithm by Horn and 
Schunk (1981) achieves sufficient accuracy in case of linear gray value distributions and oversampled 
image data only (Beauchemin and Barron, 1995). To achieve improved performance of the algorithm 
we implemented a method that evaluates five consecutive images for estimation of spatio-temporal 
derivatives for each step in time t, which are then applied in the iterative calculation of the current 
optical flow vector field according to (14) and (15) (Simoncelli, 1994; Thiele, 2007). Once the optical 
flow is calculated the velocity can be easily achieved by implying the spatial dimensions of the 
sensing elements and the data acquisition rate, as described in eq. (5). 
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4. COMPARISONS: EXPERIMENT AND SIMULATION 

In this section, the experimental and simulation results for an exemplary flow condition are presented. 
Following parameters were used: flow rate Q = 0.35 l/s, Hfill = 2.12 m (i.e. L = 0.51 m), ∆ρ = 2%. In 
this fashion, the Richardson number calculated from eq.  (1) is 0.882 and as described in section 2.3 
the horizontal jet pattern flow regime is predicted. 
 
Simulations were performed with the CFD model explained in section 2.2. The planar array sensor 
was set to acquire 200 images per second during 100 s. In the experiment, clean water ρw = 997 kg/m

3 
and water-glucose solution ρwgs = 1017 kg/m

3 having a conductivity of 60 µS/cm and 200 µS/cm, 
respectively, were used. The velocity fields were computed by the optical flow method as presented in 
section 3.3. 
 

4.1. Fluid distribution  

In fig. 6 images of the distribution of mixing scalar Θ  (eq. (4)) from the measured and simulated 
results are depicted. It is very clear to see the formation of a circular jet, as the water-glucose solution 
flows into the channel from both experiment and simulation. It seems that in the experiment the 
substances get mixed more rapidly and therefore the jet is more pronounced in the simulated 
distributions. In the experiment, a transition layer at the bottom of the images can be observed. It is 
caused by the pre-mixing of water and water-glucose solution prior to the begging of the experiment. 
That means, the initial condition on the experiment is slightly different to that used in the simulation.  
Nevertheless, the agreement between both methods is very good. The use of the Richardson number 
could also correctly predict the flow regime for this experiment. 
 

 
 
Fig. 6: Distributions of mixing scalar at the surface of VeMix test facility for the mixing experiment 
for Ri = 0.882: (a) planar array sensor measurement, (b) simulation with ANSYS CFX. For conditions 
see text. 
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4.2. Velocity fields  

Further analysis of the measured data was carried out regarding computation of velocity field 
distribution. Fig. 7 illustrates four selected images of measured and the simulated velocity fields. The 
magnitude of the velocity is shown in terms of a color scale in the background and the velocity vectors 
are shown in the foreground. 
 

 

 
 
Fig. 7: Velocity fields at the surface of VeMix test facility for the mixing experiment for Ri = 0.882: 
(a) planar array sensor measurement and optical flow method, (b) simulation with ANSYS CFX. For 
conditions see text. 
 
The simulation images show a very clear vortex at the bottom of the jet which bends the initial straight 
jet and creates the circular liquid distribution as observed in fig. 6. In the velocity field from the 
measured data the vortex is not perfectly clear, but still visible. Although the velocity field 
distributions cannot be said to be directly comparable, the main behavior can be extracted from the 
measurement and the agreement in the values of the magnitude is good, thus being a valuable 
qualitative validation for the simulation. Of course, for the quantitative comparisons purposes, the 
velocity measurement method must be better evaluated.  
 
The image at t = 18 s is a good example for the limitation of the optical method. Due to the increasing 
mixing of the substances, the grayscale gradients become smaller and the algorithm accuracy tends to 
lower. The jet cannot be visualized in this image, but a velocity spot appears which is unphysical. The 
spot occurs because the gradient at that region was high. In spite of this limitation, the optical flow 
method is still able to evaluate the velocity field assuming the gradients in the grayscale are present. 
For the VeMix experiment described here, this occurs predominantly in the jet region and at the 
beginning of the experiment. 
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5. CONCLUSIONS 

The VeMix test facility was constructed to investigate buoyancy driven flow which are relevant to 
nuclear safety scenarios. In the facility, the mixing of weakly and highly borated coolant can be 
investigated. The use of a new developed planar array sensor allows the measurement of the mixing 
scalar which can be directly and quantitatively compared with density distributions predicted from 
CFD simulations. In this paper, we also introduce a new method to assess velocity fields based on the 
planar sensor’s measurements and the optical flow method. The preliminary results illustrated here 
show good agreement between experiments and simulations. Other experiments will be carried out in 
the VeMix test facility to further validate the CFD predictions, including quantitative comparisons. 
Further work regarding the velocity measurement may encompass the validation of optical flow 
method through simultaneous measurement with some other velocimetry method such as PIV, LDA. 
Furthermore, the limitations of the method should be better investigated.  
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Abstract 

ROCOM is a four-loop test facility for the investigation of coolant mixing in the primary circuit of 

pressurized water reactors. Recently, a new sensor was developed for an improved visualisation and 

quantification of the coolant mixing in the downcomer. This new sensor spans a dense measuring grid 

and covers nearly the whole downcomer. In the presented work, special emphasis was given to the 

comparison of the data of this sensor with the results of calculations using the CFD code ANSYS 

CFX. A coolant mixing experiment during natural circulation conditions has been conducted. The 

underlying scenario of this experiment is based on a boron dilution scenario following a SBLOCA 

event. The corresponding CFD code solution has been obtained using the Best Practice Guidelines. 

All main effects observed in the measurement are described by the calculation. The detailed 

comparison reveals that the calculation underestimates the coolant mixing inside the reactor pressure 

vessel. 

The measurement data, boundary conditions of the experiment and facility geometry can be made 

available to other CFD code users for benchmarking. 

1. INTRODUCTION 

Boron 10 is added to the reactor coolant of a pressurized water reactor (PWR) to control reactivity. 

The forced coolant circulation during normal operation or natural circulation ensures that the boric 

acid is homogeneously distributed in the reactor coolant system so that the boron concentration is 

practically uniform. The possibility of coolant with a relatively low boron concentration collecting in 

localized areas of the RCS has been under discussion for several years now (Hyvärinen, 1993). 

Causes might be the injection of coolant with less boron content from interfacing systems (external 

dilution) or separation of the borated reactor coolant into highly concentrated and diluted fractions 

(inherent dilution). One of the discussed scenarios of the inherent dilution is connected with a small 

break loss of coolant accident (SBLOCA). During such a postulated event the single-phase flow 

natural circulation in one or more loops can interrupt. This could happen when the high pressure 

safety injection (HPSI) partly fails. In such cases, a part of the decay heat is removed from the core in 

the reflux-condensation mode. This leads to the production and accumulation of low borated coolant 

in the primary circuit, i.e. the above mentioned inherent dilution. Experimentally it has been shown, 

that the accumulation takes place in those loops not receiving ECC injection. The primary pressure 

further drops due to the inventory losses through the leak and due to the down cooling of the 

secondary side initiated simultaneously with the SCRAM after recognition of the leak. At a certain 

pressure level, the mass flow rate injected by the ECC systems will overcompensate the leakage 

losses. The primary system will be filled up again and single-phase natural circulation re-establishes. 

The one phase natural circulation forwards these under-borated slugs towards the reactor core. During 

the transport from the cold legs through the downcomer and the lower plenum, the slugs undergo a 

mixing with the ambient coolant in the reactor pressure vessel (RPV) and with the coolant from the 

loops with available ECC injection, both having a higher boron concentration. In such scenarios, the 

described slug mixing is the only mechanism mitigating the possible reactivity insertion into the core. 

The knowledge of the boron concentration distribution at the inlet and inside the reactor core is of 

primary importance for the assessment of the neutron kinetic core behaviour during such an accident. 
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At present time, this information is almost exclusively derived from experiments at coolant mixing 

test facilities.  

The application of Computational Fluid Dynamics (CFD) simulation methods to model these single-

phase flow phenomena is underway. In the near future, these codes are expected to be used for 

assessing nuclear reactor safety. This objective requires comprehensive validation work, which should 

be performed again dedicated experiments at test facilities providing the necessary detail of modelling 

all structures important for coolant mixing. This concerns the loop and vessel geometry and especially 

the internals of the RPV. Furthermore, the measurement data for the validation should be provided 

with high resolution in space and time to enable a detailed comparison with the calculation results. 

The measurement technique at the Rossendorf Coolant Mixing (ROCOM) test facility has been 

improved recently in order to enable high-level CFD code validation.  

A coolant mixing experiment during natural circulation conditions has been conducted. The initial and 

boundary conditions were derived from the above mentioned SBLOCA scenario.  

2 THE ROCOM TEST FACILITY AND THE MEASUREMENT TECHNIQUE 

2.1 ROCOM test facility 

ROCOM is a four-loop test facility for the investigation of coolant mixing operated with water at 

room temperature (Hertlein, 2003; Prasser, 2003; Kliem, 2007). The facility models a KONVOI-type 

reactor with all details important for the coolant mixing along the flow path, from the cold-leg nozzles 

up to the core inlet, at a linear scale of 1:5. Special attention was given to components which 

significantly influence the velocity field, such as the core barrel with lower core support plate and 

core simulator, perforated drum in the lower plenum, and inlet and outlet nozzles. The geometry of 

the inlet nozzles, with their diffuser segments and the curvature radius of the inner wall at the junction 

with the RPV were modelled in detail. The core and the upper plenum were modelled in a very 

simplified manner. Individually controllable pumps in each loop give the possibility to perform tests 

over a wide range of flow conditions, from natural circulation to nominal flow rate, including flow 

ramps (pump and natural circulation start-up). The water inventory of the loops was kept to the scale 

of 1:125, and the travelling time of the coolant was identical to that of the original reactor. 

2.2  Measurement technique 

The facility is operated with de-mineralized water at room temperature. Salt water or brine is used to 

alter the local electrical conductivity of the fluid in order to label a specific volume of water and thus 

simulate an under-borated slug of coolant. The distribution of this tracer in the test facility is 

measured by special wire-mesh electrical conductivity sensors developed by FZD, which allow a 

high-resolution measurement of the transient tracer concentration with regard to space and time 

(Prasser, 1998). These wire mesh sensors consist of two planes of electrodes, where the mesh spans 

the flow cross-section. The measurement of the instantaneous local conductivity of the medium is 

realized in the vicinity of each crossing point of two perpendicular wires. These measured local 

conductivities, which can be recorded with a frequency of up to 1000 Hz and are subsequently 

compared to reference values in order to estimate the position of the under-borated slugs and its 

transport. The result is a dimensionless mixing scalar Θx,y,z(t) that characterizes the instantaneous 

share of the coolant originating from the labelled volume (under-borated slug) at a given position 

inside the flow field. It is calculated by relating the local instantaneous conductivity σx,y,z(t) to the 

amplitude of the conductivity change at the reference position σ1 (usually the labelled slug in the cold 

leg) according to the following formula: 
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The lower reference value σ0 is the initial conductivity of the water in the test facility before the 

experiment is started. 

The transport of boron with the coolant can be described by the transport equation for a scalar. A 

scalar is a quantity, spread by fluid convection and diffusion without feedback from the scalar concen-

tration to the fluid properties such as density or viscosity. In the test facility as well as in the original 

reactor, the flow is considered turbulent. Therefore, in applying the scalar under conditions of turbu-

lent flow regimes, scalar transport is determined by turbulent dispersion, where the corresponding mo-

lecular diffusion of the boron plays a secondary role. Therefore, it is possible to reconsider the mixing 

of boron as that of an inert tracer, which is dissolved in the coolant of the test facility in much the 

same manner as the boron is dissolved in the coolant of the original reactor. Based on this similarity, 

the distribution of the boron concentration can be derived on the basis of the mixing scalar using: 

B B,1 B,0 B,0C (x, y,z, t) (x, y,z, t) (C C ) C= Θ ⋅ − +  (2) 

 

 

 

 

Fig. 1: View of the test facility with sensor in the downcomer, photo of the core inlet 

plane with integrated sensor and schematic of the test facility with position of the 

gate valves 

All inlet nozzles can be equipped with sensors. Further, sensors can be installed at important positions 

along the flow path in the primary coolant loops (e.g. at the position of the ECC water injection). One 

sensor is integrated into the lower core support plate providing one measurement position at the entry 

into each fuel assembly (Fig. 1). For the experiments described in (Kliem, 2008a), a sensor was 

developed for an improved visualization and quantification of the coolant mixing in the downcomer.  

This new sensor replaces the two radial sensors being installed at the inlet and the outlet of the 

downcomer. It now spans a measuring grid of 64 azimuthal and 29 axial positions over the height of 

the downcomer (Fig. 1). For that purpose, 64 fixing bolts were attached to the inlet and the outlet 

flanges of the vertical section of the downcomer and between the bolts, 64 wires were fastened in 

order for the wires to cover entire length of the downcomer. Note that these wires are the transmitter 

electrodes. The receiver electrodes are made from strips of steel that are 3 mm wide, which are glued 
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onto the inner side of the vessel at a distance of 31 mm from each other over the length of the 

downcomer. The vertical wires are located near to the core barrel wall. In this way, the signal 

measured is the conductivity that is averaged over the width of the downcomer. This new sensor with 

its approximately 1900 single measurement positions allows obtaining a complete picture of the 

transient mixing processes in the downcomer. Comparison with the results of CFD calculations can be 

carried out on a qualitatively new level. 

3 DESCRIPTION OF THE EXPERIMENT 

Based on the above discussed scenario an experiment was set up at the ROCOM test facility. The 

boundary conditions on both slug volume and initial distance from the RPV have been derived from 

experiments on the formation and accumulation of under-borated slugs conducted at the thermal 

hydraulic test facility PKL (Mull, 2003). The mentioned experiments have shown that the natural 

circulation in the single loops restarts with a certain time delay between the loops after refilling of the 

primary circuit. The volumes of the accumulated under-borated coolant as well as the mass flow 

curves in the single loops differ also from each other. According to the experiments, accumulation of 

under-borated coolant takes place only in those loops, not receiving ECC injection.  

As far as the experiment is dedicated to the CFD code validation, the boundary conditions have been 

simplified. Two neighbouring loops 1 and 2 (Fig. 1) of the test facility were equipped with pairs of 

fast acting gate valves. The volume between the valves in each loop constitutes a value of 57.6 l cor-

responding to a volume of 7.2 m
3
 at the real plant. This is the volume of the loop seal and a part of the 

steam generator outlet chamber. The valve nearest to the RPV is located in a distance of 1.80 m from 

the cold leg outlet nozzle, which corresponds to the distance from the loop seal to the RPV. 

 

Fig. 2: Velocity ramp in all loops (left) and time history of the mixing scalar at the cold leg 

outlet nozzles in loop 1 and 2 (right) during the experiment (used as boundary 

conditions for the calculations) 

The restart of the natural circulation is simulated by linear frequency ramps from zero to a value 

corresponding to a velocity value of 7 % of the nominal velocity in the loops. The time of increasing 

the flow rate is 30 s, identical frequency curves have been used in all four loops. The resulting 

velocity curves in the loops are shown on the left part of Fig. 2. The gate valves are closed in the 

initial state. Between them, under-borated slugs are prepared. The density of the under-borated slugs 

has not been adjusted; it is identical to the density of the coolant in the other parts of the facility. The 

experiment starts with the opening of the gate valves. The further actions are listed in Tab. 1.  

Tab. 1: Sequence of the ROCOM experiment 

Time [s] Action 

-3.0 Opening of the gate valves 

0.0 Valves are fully open/ Start of the frequency ramp 

30.0 Final value of frequency ramp reached 

120.0 End of the experiment 



5 

The experiment has been carried out twelve times with identical boundary conditions. For the 

comparison with the calculations the measured data have been converted into mixing scalars 

according to Eq. (1). Further, the data at each measurement position have been averaged. These 

averaged data are the basis for a comparison with the calculation. The measured and averaged data 

from the sensors in the cold leg outlet nozzles of the two loops with the slugs are shown on Fig. 2 

(right part). 

An error analysis of the wire-mesh sensor data has been presented in (Kliem, 2008). It was shown that 

the mixing scalar can be determined with an error band of less than ± 3 %. 

4. NUMERICAL MODELING WITH ANSYS CFX 

The CFD code for simulating the mixing studies was CFX-11 (CFX11, 2007). CFX-11 is an element-

based finite-volume method with second-order discretisation schemes in space and time. It uses a 

coupled algebraic multigrid algorithm to solve the linear systems arising from discretisation. The 

discretisation schemes and the multigrid solver are scalably parallelized. CFX-11 works with 

unstructured hybrid grids consisting of tetrahedral, hexahedral, prism and pyramid elements. 

Discretisation errors can be reduced by using finer grids, higher-order discretisation methods and 

smaller time step sizes. However, in many practical three-dimensional applications grid- and time 

step-independent solutions cannot be obtained because of hardware limitations. In these cases, the 

remaining errors and uncertainties should be quantified as described in the ECORA Best Practice 

Guidelines (BPG) by Menter (2002). 

4.1 Application of the Best Practice Guidelines for CFD 

The application of the guidelines and procedures described in the BPG is especially important for the 

validation of CFD codes for nuclear reactor safety as there must be a strong emphasis on reliability 

and quality of the computational results. Reactor safety-critical flows are a special challenge for CFD 

simulations due to the complex geometry and transient flow conditions in real reactor scenarios that 

require very large computing resources.  

The Best Practice Guidelines divide the different types of errors in CFD simulations into the two main 

categories: 

• Numerical errors, caused by the discretisation of the flow geometry and the model equations, 

and by their numerical solution 

• Model errors, which arise from the approximation of physical processes by empirical 

mathematical models 

The BPG are built on the concept of an error hierarchy. This concept implies that numerical errors are 

quantified and reduced to an acceptable level, before comparison with experimental data is made. The 

separation of numerical errors from model errors then allows valid conclusions on model perfor-

mance. The types of procedures and advice provided in the BPGs for performing CFD simulations are 

as follows: The first step was the selection of representative and solution-sensitive target variables: 

the additional scalar variable Mixing Scalar (Figs. 4, 5). This target variable was monitored. The 

convergence criterion was set low enough so that the target variable is no longer affected by it. Then 

the discretisation errors were quantified by performing time-step and grid refinement. At this stage, 

the numerically certified solution can be compared with experimental data. The remaining differences 

are the model errors. They can only be reduced by applying more accurate models. 

Sensitivity tests for the following aspects were considered: 

• Grid  

o Grid type and size,  

o outlet boundary position,  

o internal geometry  
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• Time-step size 

• Turbulence model 

Summaries of how these sensitivity tests were made are presented below. 

4.1.1 Grid 

Grid 1: Tetra Mesh Grid 2: Hybrid Mesh 

RPV Horizontal cut: Inlet 

nozzle plane 

RPV Horizontal cut: Inlet 

nozzle plane 

 

 

Fig. 3: Production meshes based on tetrahedral elements (left) and hybrid elements (right) 

The aim was to make CFD calculations that gave grid-independent solutions, i.e. results that do not 

change when the grid is refined further. A grid-independent solution can be defined as a solution that 

has a solution error that is within a range that can be accepted by the end-user, in view of the purpose 

of the calculations.  

Two different grid types were generated (Fig. 3), and the calculation results were compared with the 

experiment. Different features and also different mesh structures were used. However, it was noticed, 

that the grid generation consumes most of the work and a totally grid independent solution was not 

achieved. 

Based on meshing studies in the FLOMIX-R project (Rohde, 2007), finally two grid types were used 

for the CFD calculations. They were called production meshes, because on the one hand, they allow 

getting the maximum correct results with minimum meshing efforts: the tetrahedral production mesh 

(grid 1) and the hybrid production mesh (grid 2). The production mesh is an optimum between 

maximum possible refined grids, but with omitting parts of the flow domain, which were found to be 

of small impact on the results, e.g. the cold leg loops. The production mesh is not yet a mesh, for 

which grid-independent solution was reached. In general, the choice of the production mesh is 

dependent on the process to be simulated. 

On average the y+-values are in the downcomer y+= 65 for the tetrahedral mesh (grid 1) and y+= 29 

for the hybrid mesh (grid 2). Both grid types are suitable for the post test calculation of ROCOM 

experiments. Because no full grid independence was achieved, there are differences in the results 

obtained with different mesh types like tetrahedral mesh and hybrid mesh (Fig. 4). 

In the production meshes, shown on Fig. 3, all internals were modeled in detail. No porous body 

approach was applied. All the 193 orifices in the core support plate were modeled. The perforated 

drum in the lower plenum was modeled and contains 410 orifices of 15 mm diameter. The core 

contains 193 fuel element dummies with a diameter of d=30 mm. The fluid flows through the 

hydraulic core simulator inside the tubes. The core can be modeled as free flow field; it is not 

expected to affect significantly the mixing in the lower plenum. This was done in the production mesh 

(grid 1). However, the core was modeled in detail in grid 2. 
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The influence of the outlet boundary position on the flow field and mixing in the downcomer and 

lower plenum is negligible. Nevertheless for completeness, the upper plenum and the outlet nozzles 

were modeled in detail in grid 2. 

 

Fig. 4: Results of the maximum and averaged mixing scalar at the core inlet for both 

production meshes based on tetrahedral elements and hybrid elements 

 

Tab. 2: Comparison of different grid types 

Grid  Type Size  Remarks 

1 Tetrahedra 7 10
6
 elements,  

1.33 10
6
 nodes 

Perforated drum with original number of 

holes  

outlet at half of core 

tetrahedral production mesh  

2 HYBRID 4.6 10
6
 elements, 

2.6 Mio. nodes 

Tetrahedra: 2.3 10
6
 

Pyramids: 29000 

Hexahedra: 1.8 10
6
 

Wedges: 0.5 10
6
 

Perforated drum with original number of 

holes  

outlet at outlet nozzles 

hybrid production mesh  

4.1.2 Time-step size 

Sensitivity tests were made for time-step size. The time step size of 1.0 s (at t=20 s RMS Courant 

Number CFL=18.27) and 0.1 s (at t=20 s RMS Courant Number CFL=1.83) was used for 100 s 

simulation time (Fig. 5). Only small differences were observed. 

4.1.3 Turbulence model 

 

Fig. 5 Results of the maximum and averaged mixing scalar at the core inlet for time step variations 

and different turbulence models  
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Model errors should be evaluated only after solution errors have been quantified. As described above, 

quantification of discretisation errors was not possible to perform due to limited computer resources. 

The turbulence model is responsible for the quite dominating part of the model errors. Two types were 

used: the two-equation model SST and a Reynolds stress model. The SST model (Menter, 1993) 

works by solving a turbulence/frequency-based model (k–ω) at the wall and k-ε in the bulk flow. A 

blending function ensures a smooth transition between the two models. In the latter case the Reynolds 

stress model proposed by Launder (1975), which is based on the Reynolds Averaged Navier-Stokes 

Equations (RANS), was used in combination with an ω-based length scale equation (BSL model) to 

model the effects of turbulence on the mean flow. Fig. 5 shows only small differences between the 

SST and the BSL Reynolds stress (BSL_RS) turbulence model. So, the influence of the choice of the 

turbulence model is rather small. 

4.1.4 Discretization schemes 

All transient calculations were done with the higher order scheme “High Resolution” in space and 

“Fully implicit 2
nd
 order backward Euler” in time. For both discretization schemes the target variable 

does not change any more for convergence criteria below 1 × 10-4. Therefore this convergence 
criterion is used for all calculations. Double precision was used. 

4.2 Boundary Conditions 

The inlet boundary conditions (velocity, mixing scalar etc.) were set at the inlet nozzles. Transient 

experimental values of the mixing scalar were used. No specific velocity profile is given. As an initial 

guess of the turbulent kinetic energy and the dissipation rate the code standard is used. The outlet 

boundary conditions were pressure controlled. Passive scalar fields were used to describe the coolant 

mixing processes (Höhne, 2006).  

Four transient calculations with 100s simulation time were performed on the FZD LINUX cluster 

(Operating system: Linux Scientific 64 bit, 32 AMD OPTERON Computer Nodes, Node 

configuration: 2 x AMD OPTERON 285 (2.6 GHz, dual-core), 16 GB Memory) and they took 9 days 

each to complete. Six processors were used for the above mentioned simulations in a parallel mode 

with the message passing protocol PVM. 

5. RESULTS 

5.1 Qualitative comparison of experimental and calculation results 

Based on the above described sensitivity studies the hybrid grid with the smaller time step and the 

SST turbulence model has been selected for the direct comparison with the experimental results. Fig. 

6 contains snapshots of the distribution of the measured and calculated mixing scalar in the 

downcomer at three different time points. It can be seen that in the experiment and in the calculation 

the slugs enter the highest measurement plane at three positions nearly at the same time. Velocity 

measurements using laser Doppler anemometry revealed an unequal azimutal velocity distribution 

with four maxima in-between the leg nozzles during four loop operation mode (Rohde, 2005). This 

distribution is responsible for the observed scalar field. The calculation reproduces this velocity field 

and therefore also the distribution of the mixing scalar. The second snapshot (t = 40.0 s) demonstrates 

that the transport of the tracered water in radial direction in the upper part of the downcomer is quite 

limited. It also confirms the quality of the mass flow boundary conditions in the experiment. The 

tracer covers a 180 ° sector in the uppermost line which corresponds to the share of the mass flow rate 

of the two loops with slugs. Both in the experiment as well as in the calculation two positions with 

very low velocity can be observed in this snapshot (tracer-free regions). In the calculation these 

regions are located somewhat lower than in the experiment. From the third experimental snapshot 

(t = 50.0 s) can be concluded that the transport of the tracer in radial direction starts in the lower part 

of the downcomer (widening of the sector covered by tracer). For some reason in the calculation this 

effect is to be seen only at one side of the slugs. 
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Fig. 6 contains also the measured and calculated tracer distribution in the core inlet plane at the time 

point of the maximum of the mixing scalar. The distribution is shown as isolines of the mixing scalar. 

The position and the value of the maximum are indicated. The measurement shows three region with 

nearly identical values, the maximum itself belongs to the region in-between the loop positions where 

the slugs started. Such a distribution means that during the moving of the slugs through the 

downcomer the shape of the tracer field has not been changed. The isolines indicate a smooth 

distribution of the mixing scalar. In the calculation the mixing scalar is distributed much more non-

uniform. The two maxima in the outer edges are more expressed than those in the middle between the 

loop positions. For that reason, the position of the calculated maximum is in one of these outer 

regions. 

Experiment Calculation 

  

  

  

 

Fig. 6: Snapshots of mixing scalar distribution in the downcomer at three time points and 

in the core inlet plane at the time of maximum 
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5.2 Quantitative comparison of experimental and calculation results 

The values of the single realisations of the experiment were used to determine time-dependent 

confidence intervals of the measurement data. This is done according to the following procedure 

(Kliem, 2008): In the first step, the minimum error amount FSmin,Θ for each local value of the mixing 

scalar at each time point is calculated according to Eq. (3), using the averaged values and the n single 

realizations: 

∑
=

Θ −=
n

k

ROCOMkROCOM tzyxtzyxtzyxFS
1

2

,min, )),,,(),,,((),,,( θθ  
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The standard deviation is calculated according to  
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−
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In the last step, the confidence intervals can be calculated using:  

 

n

tzyxs
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.),,,(,

Θ
Θ ±=  

(5) 

This confidence interval characterizes the interval around the average value in which the measured 

value can be found with a given probability of the statistical confidence. Hereby, tp is the value of the 

Student’s t-factor, which varies with the selected statistical confidence. Usually, the confidence 

intervals for 68.4 % (corresponds to 1 σ), for 95.4 % (2 σ) and 99.5 % (3 σ) are calculated and 

included in the documentation, whereby σ is the square root of the variance of the distribution. 

The time curves of the confidence intervals for 1 σ (p1) and 2 σ (p2) are included in each of the 

following figures. Fig. 7 shows the time history of the maximum and the average mixing scalar in the 

downcomer sensor. The calculated average mixing scalar always belongs to the confidence interval of 

one standard deviation. The calculation underestimates the maximum of the mixing scalar in the 

downcomer, around the time of the maximum the calculated value belongs to the p2 confidence 

interval.  

 

Fig. 7: Maximum and averaged mixing scalar in the downcomer (Comparison between 

experiment and calculation including confidence interval of the experimental data) 
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The underestimation is clearly a result of the used boundary conditions. For the calculation the 

measured time history in the inlet nozzle averaged over the cross section was used. Improvements are 

expected when the cold legs until the initial position of the slugs are included into the calculation 

domain, what is foreseen for the near future. 

 

 

Position of selected points 

  

Fig. 8: Comparison between experiment and calculation at three measurement positions in 

the downcomer (including confidence interval of the experimental data) 

 

Fig. 8 presents the direct comparison between measurement and calculation at three single positions in 

the downcomer, On the right hand side, the scheme of the measurement grid in the downcomer is 

shown with the azimutal positions of the four loops (the red arrows indicate the loops with the slugs). 

The three positions have been selected on the middle line between the two loops with the slugs. 

Again, the confidence intervals are shown, too. It can be seen how the confidence intervals are 

widening with increasing distance from the inlet into the downcomer. This is an indication for the 

increase of the turbulent fluctuations. The calculated time history of the mixing scalar around the time 

of the maximum in the two uppermost selected positions is outside (below) the confidence interval 

due to its small width. At the lowest position, the calculated time history belongs most of the time to 

the p1 confidence interval. Besides the mentioned widening of the confidence interval, this agreement 

has the following reason. As mentioned above, the calculation does not take into account the spatial 

distribution of the mixing scalar in the inlet nozzle. Due to the use of the average curve, the calculated 

mixing scalar is smaller than the measured one in the selected position. With increasing distance the 

measurement shows a higher mixing (sharper decrease of the mixing scalar) than the calculation. The 

combination of a lower starting value with a smaller mixing effect leads to the observed convergence. 

 

Tab. 3: Comparison of the calculated mixing scalars in the downcomer with the confidence 

intervals 

Confidence interval  

p1 p2 p3 

Maximum value 438 764 860 

Time point of maximum 595 887 983 

Combined (value and time point) 255 652 792 

Total number of assessed positions 1106 
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Tab. 3 shows a quantitative comparison of the downcomer measurement data with the calculation. In 

each cell the number of positions in the calculation is shown which belongs to the corresponding 

experimentally determined confidence interval. The maximum value reached at each position, the 

time point of reaching this maximum value and the combination (so-called two-dimensional 

confidence intervals) are assessed. Assessment has been carried out not for all 1856 single 

measurement positions in the downcomer but for those of them receiving a mixing scalar of at least 

10 % (1106 positions). From the table can be seen that the calculated maximum value fits into the 

two-dimensional confidence interval of one standard deviation at 255 positions (~23 %). 

In the core inlet plane (Fig. 9), the calculated average mixing scalar is even in better agreement than 

in the downcomer. Contrary to this agreement the calculation overestimates the maximum value. Due 

to the time lag between reaching the maximum in measurement and calculation the calculated 

maximum value is partly outside of the p2 confidence interval. The measurement shows a remarkable 

reduction of the mixing scalar during the transport through the lower plenum as can be concluded by 

comparing data in the outlet plane of the downcomer sensor and in the core inlet plane. The 

calculation shows only a small reduction for the same flow path. The tendency of underestimation of 

mixing in the downcomer found by the comparison of the detailed downcomer data is valid also for 

the lower plenum. 

 

Fig. 9: Maximum and averaged mixing scalar at the core inlet (Comparison between 

experiment and calculation including confidence interval of the experimental data) 

 

Due to the very complex flow pattern at the end of the downcomer and in the lower plenum, the 

existence of the perforated sieve drum with the 410 orifices for instance and the core inlet plate and 

the 180° flow direction change, the agreement of the CFX calculation and the experiment at the core 

inlet is smaller than at the upper part of the downcomer. It is expected that these deviations can be 

reduced by using a finer mesh since the used one is not solution independent, especially in regions 

with high velocity gradients. As the grid is already very large and complex, this topic is subject for 

future research generating grids larger than 20 million cells using massive parallel computations. 

6 CONCLUSIONS 

A coolant mixing experiment with boundary conditions based on a SBLOCA scenario carried out at 

the ROCOM test facility has been used for the validation of the CFD code ANSYS CFX. The data of 

the new downcomer sensor spanning a very dense grid of nearly 1900 measurement positions were 

used for a detailed comparison between measurement and calculation. This comparison shows a good 

qualitative agreement. All main effects observed in the measurement are described by the calculation. 

The detailed comparison reveals that the CFD solution underestimates the coolant mixing inside the 

RPV. The calculated mixing scalar values are higher than the measured ones especially in the core 

inlet plane. The calculation used for this comparison was derived during a sensitivity study using the 

best practice guidelines.  
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The measurement data, boundary conditions of the experiment and facility geometry can be made 

available for further CFD code benchmarking. The experimental data comprise measurement values 

of the dimensionless tracer concentration at all sensor positions for single realizations of the test or 

averaged over all test runs. 
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Abstract 
 
The Large Eddy Simulation (LES) concept is, since a long time, considered as a very promising 

candidate for “advanced thermalhydraulic modelling”. However, limited CPU resources and very long 

related elapsed time have restricted its extensive use for industrial purposes in general and for Nuclear 

Reactor Safety (NRS) issues. The increased CPU resources have significantly improved its potential. 

The picture today is that, even if some particular turbulent flows (for examples high Reynolds number 

near wall dominated flows) still compel to mix the LES approaches with other approaches derived 

from Reynolds Average (RANS) models, “perhaps the most compelling case for LES can be made for 

momentum, heat and mass transfer in free shear flows at high Reynolds numbers” (from Pope (2004)). 

Under these basic conditions there are strong suggestions to make use of LES for dilution problems. 

Extensive verification and validation attempts towards this objective as well as for industrial 

applications (Bieder et al. (2006 and 2007)) have already been performed for the Trio_U
1
 code. This 

paper proposes a short overview of what has been done, what can be related to the so-called Best 

Practice Guidelines (BPG (2007)) in this work and tends to answer specific issues of the LES 

validation for dilution issues. 

1 INTRODUCTION 

The modelling issues coming along with the use and the validation of LES for Boron dilution 

problems are numerous and cannot be totally treated through this paper. We therefore have focused on 

the test and selection of the convection scheme. The results of a LES are known to be very sensitive to 

this parameter and the Boron concentration calculated at the core inlet is mainly the result of the Boron 

convection and the related turbulent diffusion. 

The selection of the numerical scheme is part of the numerous recommendations coming along with 

the use of LES for simulation on NRS issues (BPG (2007)). “Low diffusive schemes” are said to be 

mandatory for LES of turbulent flows since upwinding compromises accuracy (Garnier et al. (1999) 

as well as Mittal and Moin (1997)) in the meaning that the numerical dissipation may spuriously 
interact and eventually hide the molecular and sub-grid viscosity effects. Some works associate this 

property with the search for quadratic quantities conservation at a discrete level which is an interesting 

property as far as the kinetic energy conservation is concerned (see Ducros et al. (2000) for schemes 

related to structured meshes and Mahesh et al. (2004) for unstructured meshes). However, models 
based on numerical dissipation coming along with upwinding are very attractive to use since they may 

behave well and are already available in all CFD codes: this approach refers to Monotonic Integrated 

Large Eddy Simulation (MILES, see: Fureby et al.(2005)). The use of such schemes may show 
robustness advantages but there seems to be a large consensus to prefer the previous mentioned low 

dissipative schemes when there are available.  

Recent works focus on the treatment of scalar advection and suggest that the best compromise for LES 

is to make use of centred schemes for momentum transport and high order regularizing schemes for 

scalar transport (see: Chatelain et al. (2004)) for a proposal for structured meshes). Among the 

                                                 
1
 http://www-trio-u.cea.fr 
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reported reasons for this choice are the previous kinetic energy conservation for the momentum 

equation and the search for a compromise between the required positivity of the convection scheme for 

the scalar, which is mandatory to keep the scalar between physical bounds and the fact that a too large 

numerical diffusion may, as for the momentum, spuriously interact with the turbulent diffusion at the 

cut of level. We also have to bear in mind that it is the scalar extremum (in fact the minimum Boron 

concentration) that is scrutinized at the core inlet in the particular case of the Boron dilution problem. 

A particular attention has therefore to be paid to the meaning of “extrema” in the LES framework and 

what are the main sensitive parameters that influence directly these values. 

In addition, using CFD for industrial purposes leads to the treatment of arbitrary complex geometries, 

what generally requires the use of unstructured meshes. Logically, the verification and validation 

(V&V) processes should be conducted in the spirit that the used mesh should exhibit the same features 

as the ones encountered in the eventual applications. This means that V & V tests should in particular 

take into account strong meshing anisotropy and cell size variations if such events are to be part of the 

industrial model application. 

After a brief recall of LES features, the paper gives a short overview of what has been done for the 

validation of the LES scheme of the Trio_U code for free shear flows and summarises an application 

of LES for dilution problems. A short analysis of what can be seen as conform to the BPG, as well as 

what can be pointed out as non-conform is proposed. Some related questions are then addressed and 

discussed: 

 

• What is the meaning of a filtered minimum value in the LES framework? 

• Is it possible to define a “BPG” to approve a numerical scheme? 

• How is the choice of a given mesh and discretisation element determinant for the simulation 

result?  

 

The paper finally concludes with some recommendations which are based on the posed questions. 

2 SELECTED LES FEATURES WHICH ARE IMPORTANT FOR DILUTION 

MODELLING  

The first question, as also posed in Pope (2004), is: “Is LES the right approach?” In accordance with 

Pope, we are convinced that considering the whole spectra of turbulent flows, it is now valuable to 

have a large range of approaches to study turbulent flows and therefore that there are models “adapted 

to given issues”. However, there is a larger and larger successful field of LES applications, mainly due 

to the increasing power of computers and the ongoing work of scientific community.  

So let’s first stress some advantages brought up with the LES underlying concepts. To simplify, one 

has to consider the result of any LES on a mesh of local size h as the filtered counterpart iu  at a filter 

scale ∆  of the full resolved field iu . The basic decomposition coming along reads 
sgs

iii uuu +=  

where the filtered field may be considered as resulting from a convolution product on iu : Sagaut 

(2003). The range of motion scales of size above the filter size is explicitly resolved. The influence of 

the unresolved scales on the resolved ones is modelled either through the application of SubGrid Scale 

(SGS) eddy viscosity models or through numerical treatments, or by a combination of both. This leads 

to potentially consider ∆ as different from h . The topic of the impact of the ratio of h/∆ on the 

solution is rather complex and, in any case, not solved to date. According to Pope (2004), the global 

picture now suggests to discard between: 

 

• Pure physical LES (the unresolved motion is explicitly physically modelled with negligible 

numerical errors),  

• Physical LES (the unresolved motion is explicitly physically modelled but where numerical 

errors are tolerated within the resolved scales) and  

• Numerical LES (the description of the resolved field iu depends on the numerical method, 

which is typically the case of MILES.  
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Dealing with industrial flows involving complex geometries yields in using most of the time 

unstructured meshes and numerical schemes of limited order. The treatment of these problems with 

scheme of limited numerical diffusion generally leads to consider that the resulting effective filter is so 

that ∆ is close toh , i.e. that the resulting LES is close to “physical LES” in the Pope’s classification. 
Nevertheless, independent of the real classification of the LES approaches, the LES concept leads to 

some very interesting and common features we recall here: 

 

• In the limiting case when ∆ is going to zero, iu represents the complete field iu . Improved 

results are thus expected every time the mesh is refined, which tend towards the DNS result 

for moderate Reynolds number cases. 

• Depending of the selected modelling, the influence of the unresolved motion is treated through 

a mix of physical models and the numerical treatment. These scales are close the 

homogeneous isotropic turbulence, i.e. statistically isotropic and universal. One can consider 

the resulting modelling to be universal, which is a clear strength of LES approaches over 

RANS modelling. 

 

Since the dominant phenomena for Boron dilution events are related to the mixing, where the turbulent 

transport is directly affected by the large energy containing scales, it is tempting to consider LES as a 

very promising tool to deal with Dilution issues, provided a proper V & V process is followed. 

3 BORON DILUTION TREATED BY LES CALCULATION 

In the first CFD4NRS conference, a procedure to qualify the CFD code Trio_U for predictive full 

scale reactor applications has been presented: Bieder and Graffard (2006). In this case, a plug of pure 

water is transported into the lower plenum under natural convection conditions. Calculations under 

nominal conditions are under way. The structures in the lower plenum are shown on Fig. 1 as well as 

an example of the Boron concentration 80 seconds after the onset of natural convection.  

 

Structures in the lower plenum The instantaneous Boron concentration field 

 

 
 

Fig. 1: Structures of the lower plenum and Boron concentration field 

 
Such complex geometry can hardly been discretized on conform hexagonal structured meshes. Thus 

the numerical schemes of Trio_U are based on tetrahedral meshes. These elements allow avoiding 

non-conforming meshes and large mesh anisotropies in physically important regions. The 

corresponding meshing of the lower plenum is given in Fig. 2, where, for nominal mass flow 

conditions, an example of an instantaneous velocity field in the lower plenum is added (vectors and 

norm of the velocity in colors)  
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Meshing in the lower Plenum Velocity field in the lower Plenum 

  
Fig. 2: Example of a tetrahedral meshing and a velocity field in the mover plenum 

 

The qualification of Trio_U for Boron dilution is the third step in a quality assurance procedure which 

includes the code verification (test of the code on single effect test cases and analytical solutions) and 

the code validation (integral test of the code on complex experiments including multiple physical 

phenomena). The qualification is then a test strategy, which guarantees the correct prediction of target 

quantities for an engineering problem. The flowchart for the qualification of Trio_U for predictive full 

scale reactor calculations is shown below on Fig. 3. The applicative calculations of the real reactor 

cases are “limited” to predictivity due to the lack of published data of full scale experiments. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 3: Flowchart of a procedure to qualify a code for predictive PWR calculations 

 
When following this procedure, it is important to note, that the predictive calculation is based on the 

same modeling hypothesis as the validation calculations. The validation on UPTF, ROCOM (Höhne et 

al. (2004)) and LACYDON experiments (Bieder and Graffard (2006)) is performed on integral effects 

PWR Draft Model 

• Refinement of the mesh 

• Initial and boundary conditions 

• Model hypotheses 

Validation calculations 

 
UPTF model 

 

ROCOM model 

 

LACYDON model 

Good agreement between all 

experiments and calculations? 

NO 

Modification of 

the model 

Is the modified 
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with the PWR 

model? 
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Adaptation of the 

PWR model 

Qualified PWR Model 

• Refinement of the mesh 

• Initial and boundary conditions 

• Model hypotheses 

YES 

NO 



as the distribution of scalars at the core inlet. In this context, the meshing has been successively 
refined in order to catch the large scale energy containing scales. Then, the integral results are no more 
mesh dependent. When looking to the flow field in Fig. 2, these large scales are in the order of 0.2m to 
1m, which are well resolved by a meshing with h of about 2cm. However, due to the limitation of the 
total mesh number, some mixing phenomena must be modeled, as e.g. the mixing in the wake of 
obstacles, where the scales may be of the order of some cm. The present resolution ensures that the 
main structures of the flow responsible for mixing are captured by the mesh. Further details on the 
numerical scheme behavior will show that this description is close to the Pope’s “physical LES”.  
These results confirm Pope’s intuition (Pope (2004)) for “compelling cases” of momentum driven 
flows for mixing phenomena. In this case, some Best Practice Guidelines (BPG (2007)) 
recommendations have been followed: 
 

• Concerning the mesh design: the 3D meshes do not contain large growth factor between 
adjacent elements and contains a “sufficient” enough number of elements to solve the most 
kinetic energy containing eddies, while describing the main flow gradients.  

• A purely explicit time marching method has been adopted, which guaranty the correct time 
integration of moving eddies. 

 
However, we have to stress some “distances” with the BPG, as well as some open induced questions 
which will be discussed.  
 

• What is the knowledge of extrema treatment in the LES framework and what are the most 
sensitive parameters that are linked with extrema values? 

• As previously mentioned, it is said, that LES “should be used in conjunction with non-
diffusive high order (energy conserving, centred) schemes for space discretization”. The 
choice is more open for MILES modelling where more numerical diffusion is present. The 
question is how to qualify a given numerical scheme with respect to these features and should 
the “good properties” for a scheme be the same for both, momentum and scalar transport? 

• The underlying spirit of the BPG leads readers to make use (if possible) of a pure, orthogonal 
hexahedral mesh (at least to avoid tetrahedral meshes) for both numerical and CPU reasons. 
What are the consequences of the use of a pure tetrahedral grid? 

 

4 WHAT MEANS A MAXIMUM (OR MINIMUM) VALUE IN THE LES 
FRAMEWORK AND WHAT IS THEIR RELATION WITH NRS ISSUES? 

Let us consider the following scale separation sgsφφφ += as resulting from the application of a 

convolution product on the scalarφ . Let’s take a scalar field as ( ) ( )xx ωφ sin=  and apply a box filter 

between [  to evaluate ]Δ+Δ− xx ; φ . The ratio φφ  depends on ΔΔ ωω )sin( . Considering a more 
complex signal containing a range of scales up to the smallest scale η , the dependence of the ratio 

φφ  may be then investigated in terms of Δη . Under these conditions, whatever the properties of 
the numerical scheme are (see below), there would not be any “strict” mesh convergence as long as the 
global approach links directly the mesh and the filter sizes (i.e. ( )hΔ=Δ ). Moreover, a brief analysis 

of φφ  suggests that the maximum and minimum values of φ  are all the more “reduced” as the ratio 
of Δη  is reduced. Applying this on reactor safety issues means that filtering the continuous field φ  
will result in a field with reduced maxima and minima, what is against any intuitive “conservatism” 
rules. Beyond this intuitive analysis, the real impact of this potential “biased evaluation of minimum” 
for NRS should be investigated. Indeed, since local conservation of Boron is ensured by most of the 
numerical schemes, “local biased minimum values” will end in “little too diffuse concentration 
defects”, which is of no consequences if the size of this “diffused” spot is small enough. However, 
three types of improvements seem possible: 

5 
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• A clearer dependency between the extrema of φ  and the ratio ∆η  should be investigated. If 

such a dependency may be modelled, in a form like ( )∆≤− ηφφ fctmax , then the local 

evaluation of the Kolmogorov’s scaleηwill allow to provide a more precise evaluation of 
local extrema, 

• A local refinement of the mesh in areas where the extrema are expected will reduce their 

under prediction. Such a refinement is particularly easy to implement when using tetrahedral 

meshes. 

• The modelling should be validated not only against average quantities, but also against 

extrema.  

 

Nevertheless, whatever the CFD code capabilities are to produce a locally fine mesh or to reconstruct 

an interval for a given extremum of φ , this only makes sense if there is a strong confidence in the 
original φ value. This partially results from transport capabilities of convection scheme. This will be 
addressed in the next paragraph. 

5 HOW TO DEFINE A “BPG” APPROVED NUMERICAL SCHEME AND WHAT 

ARE THE LINKS WITH THE NRS ISSUE? 

An intend of review of existing LES methods that pay attention to discrete energy conservation for 

unstructured grid is provided in Mahesh, Constantinescu and Moin (2005), that presents a proposal 
for such a scheme in the frame of finite volume (FV) methods. The method used in Trio_U relies on a 

finite volume/finite element (FV/FE) numerical scheme and offer possibilities to switch between pure 

FE and mixed FE/FV formulations. The variables are computed as a combination of base functions 

that are assigned to each element, depending on the nodal values: the discretization is based on a 

staggered positioning: P1-non-conforming for the velocity and P0/P1 for the pressure (Bieder et al. 

(2007)). This discretization method yields a strong velocity/pressure coupling, while ensuring global 

conservation of the transported quantities (momentum and scalar in our case). For momentum and 

scalar transport, the user has the choice between several convection schemes of second order, which 

go from purely centred, over the “centred stabilized scheme” presented in Kuzmin and Turek (2004) 
to standard 2

nd
 order upwind scheme of MUSCL type. Details for the numerical methods can be found 

in Heib (2003).  

5.1 The momentum transportation 

The kinetic energy conservation at a discrete level can be ensured through the finite element approach, 

provided that a centred scheme and its antisymmetric counterpart are used.  

 

Energy conserving scheme without SGSM EF_stab convection scheme with  

WALE SGSM 

  
Fig. 4: Kinetic energy time evolution for a free decaying isotropic turbulence 
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This is shown in Fig. 4 for the case of the computation of a freely decaying isotropic turbulence in a 

periodic cube of 32*32*32 hexahedra, where each hexahedron is cut into 6 tetrahedral cells. The 

simulation is performed without any SGS model (SGSM).  

Even if this scheme provides interesting results for configurations close to academic concerns, its use 

for arbitrary complex geometries of applications in the nuclear field encounters some lack of 

robustness and, as mentioned above, it is worth to add some stabilizing procedures. Considering the 

momentum equation 

( ) ( )gTT
P

UUUU
t

U T rrvrvrrvrv
r

0)(.. −+






∇−∇+∇∇=∇+ β
ρ

ν
∂
∂

,   (1) 

the centred stabilized scheme used in Trio_U to discretize the convection term [ ]UU
vrv
.∇  can be 

considered as a blending between a purely centred part and a mix of diffusion/anti diffusion terms: 

 

 [ ] ( )( ) ( )( )[ ]ionantidiffusdiffusion
centred UUUSLUUUU ).().(.

vrrvvvrrvvrv
∇∇∆+∇∇∆+∇ α . (2) 

 

The origin of this scheme is discussed in the two papers of Küzmin and Turek (2004). Our formulation 

(called EF_stab) offers the possibility of combining a centred scheme with the stabilizing effects of 

upwind decentring, depending on the parameters α et SL: 
 

• If α is zero, a pure centred scheme is activated. 
• The slope limiter ( )USL

v
 automatically deactivates the anti-diffusive term what yields an 

upwind scheme in regions of high gradients. In Trio_U, usually, the SUPERBEE limiter is 

used.  

• The parameter α further weights the reduction of the decentring part of the scheme.  
 

Values of α = 1.0; 0.2 and 0.1 have been tested extensively. In order to evaluate the quality of the 
scheme, let us consider first the kinetic energy time evolution for a free decaying isotropic turbulence 

in the periodic cube of 32*32*32 cells hexahedral cells, each cell cut into 6 tetrahedrons. Fig. 4 shows 

the temporal kinetic energy decrease for several values of α in conjunction with a standard SGSM 
(WALE model from Nicoud and Ducros (1999)), together with the t-1.4 reference slope. As expected, 
the UPWIND scheme shows a particular trend to dissipate the kinetic energy more than the others, 

whereas no clear discrepancies can be exhibited for the others. Similar picture (not shown) of a 

simulation with no SGS model will more or less leads to the same conclusions, suggesting that, once 

one has injected some non linear stabilizing process in the scheme, the diffusion is enough to extract 

kinetic energy and acts as a SGS model, at least for this global measure of kinetic energy.  

 

EF_stab convection scheme without SGSM EF_stab convection scheme with  

WALE SGSM 

  
Fig. 5: Kinetic energy spectra after six turn over cycles for a free decaying isotropic turbulence 



8 

For a more profound test of the scheme, Fig. 5 shows the kinetic energy spectra at about 6 turns over 

times for simulations without (left) and with WALE SGSM (right), together with the reference k
-5/3
 

slope. For low values of α  the slope at small scales is controlled by the SGS modelling, the whole 

modelling assuring the turbulent spectrum to follow a more or less constant slope up to the cut-off 

scale. This suggests considering h/∆ to be of the order of one. Hence, the whole modelling 

corresponds to “physical LES” in the Pope’s classification, which is close to an optimal compromise. 

5.2 The scalar transportation 

The first measure of the quality of a scheme for scalar transport concerns its capacity to fulfil the 

requirement of physical bounds respect, a property related to the positivity of the scheme. A former 

publication (Chatelain et al. (2004)) shows that centred schemes where not able to keep the scalar 
into the physical bounds, even in the case of completely developed turbulence, where sharp gradients 

are not attended. The paper therefore suggests that a compromise is to be searched for a regularizing 

scheme that is not to diffusive for the scalar transport. Defining such a compromise for unstructured 

data is not straightforward, and it can be shown that some reputed TVD schemes exhibit not strictly 

TVD behaviour when dealing with arbitrary flows on arbitrary mesh. The proposed test consists in the 

convection of a scalar spot (values between 0 and 1) in the main diagonal of a cube. A perspective 

view of the meshing as well as a typical result of the scalar concentration is given in Fig. 6 for 

stationary conditions. 

 

 
Fig. 6: Transport of a scalar along a cube diagonal. 

 

Three schemes available in Trio_U are compared in Fig. 7, where the concentration fields in the 

diagonal cut plane are shown. The fist order UPWIND scheme is positive but very diffusive. Our 

implementation of the MUSCL scheme with the limiters “van Leer” and “minmod” (Kuzmin and 

Turek (2004)) shows limited but reproductive out of bounds values. It should be stressed that other 

implementations of the same limiters may modify the compromise between “respects of the physical 

bounds” and “diffusive features” and lead to a strictly positive but more diffusive MUSCL scheme, 

which confirms a strong dependency on the implemented limiters. The centred stabilized scheme 

EF_stab with α=1 respects the bounds and gives not too diffusive “physically correct” results. 
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UPWIND scheme 

(min, max) = (0,1) 

MUSCL scheme with van Leer slope limiter 

(min,max) = (-0,034, 1,095) 

  
MUSCL scheme with minmod slope limiter 

(min,max) = (-0,0076, 1,007) 
Ef_stab with αααα=1 

(min,max)= (-2,e-18 ; 1) 

  
Fig. 7: Transport of a scalar along a cube diagonal (diagonal cut plane) 

 

These transport features have also been tested in the case of the scalar (temperature) transport in a 

freely decaying isotropic turbulence where the initial conditions consist in a scalar spot that exhibits 

contact discontinuities. The temporal evolution of the extrema (maximum and minimum temperature) 

is show on Fig. 8. Overshoots for the MUSCL scheme and high dissipation for the UPWIND scheme 

are detected.  

 

 
Fig. 8: Time evolution of the scalar extrema during a freely decaying isotropic turbulence 
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From a NRS point of view, it is clear that the less diffusive scheme that respects physical constraints 

has to be chosen since the application of too diffusive schemes will reduce the occurrence and 

intensity of extrema. For the Boron dilution problem this results in an under prediction of the 

probability of low concentrations concurrency as well as in a poor evaluation of the area with low 

concentration values.  

As a conclusion and regarding the state of the art for LES modelling, our best compromise leads to 

make use of stabilized scheme for both momentum and scalar convection. For the momentum equation, 

the stabilizing procedure is tuned so that the global modelling is of “physical LES” according to 

Pope’s classification, whereas the positivity of the scheme is strictly applied for the scalar transport. 

6 HOW TO DECIDE IF TETRAHEDRONS OR HEXAHEDRONS ARE THE BEST 

CHOICE FOR INDUSTRIAL APPLICATIONS? 

The role which plays the local mesh size and the convection scheme on the evaluation of extrema of 

the field φ  has been discussed. Both are related to the used meshing. Generally, Best Practice 
Guidelines (BPG (2007)) recommend the use (if possible) of a pure, orthogonal hexahedral mesh and 

at least to avoid tetrahedral meshes. Is this recommendation always a good choice? 

Since only tetrahedral meshes have been tested for LES in the Boron dilution problem with Trio_U, 

there is not enough information to really discard between hexahedral or tetrahedral elements. The flow 

in the lower plenum of a vessel does not exhibit any main preferential directions and therefore the 

validation should take this fact into account. We further stress three interesting features coming along 

with tetrahedral scheme: 

 

• Tetrahedral meshes are much easier to generate. In NRS analysis, often ¾ of the required man 

power is related to mesh generation. A simplification in this field would dramatically reduce 

the costs for CFD calculations. 

• Local mesh refinement techniques can be easily considered in tetrahedral grid. Such a local 

mesh refinement is necessary for a correct determination of extrema. 

• Recent numerical developments as presented in this paper show that good convection schemes 

are also available for tetrahedral meshes. 

 

7 RECOMMENDATIONS AND CONCLUSIONS 

A LES classification in the spirit of Pope (2004) has been recalled. This classification suggests that the 

optimal LES methodology relies on “physical LES” which supposes a filter to local mesh element size 

of about 1. Before applying such an LES on an industrial basis, we propose simple tests to check the 

behaviour of the used LES modelling and suggest for these applications the acceptance of little 

amount of numerical stabilization. The proposed test simulates the freely decaying isotropic 

turbulence in a periodic box  

For the scalar transport we first have underlined the role played by the LES filter of the extrema of a 

LES field. We then have focused on the scalar transport scheme features to underline the difficulty to 

get a real 3D TVD scheme for arbitrary tetrahedral mesh with little dissipative features. We have 

proposed such a scheme and show that the modelling results from a compromise between “numerical 

diffusion” and “respects of physical bounds”. We have proposed to measure this compromise with 

tests against an isotropic freely decaying turbulence including passive scalar transport, and against 

more standard scalar spot transport cases in non trivial mesh directions.  

As stressed in the BPG (2007), mesh convergence can not be followed in general for LES. In practice 

this means that we are satisfied with the convergence to DNS that comes along with “physical LES” as 

define here. Even if this can be seen as an acceptable LES feature with regards to resolved variables 

when looking at their average values (for variables as well as for higher moments), it should be looked 

with care to the convergence to scalar extrema. 

The use of tetrahedral element is presented here as a clear advantage in terms of meshing capability. 

The numerical scheme is of FE type, which does not lead to compel with orthogonality constraints 

concerning grid angles. Under these conditions and considering the present qualification, using this 
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type of scheme and modelling leads to the conclusion that there are no real reasons to prefer other 

types of elements for this application. 
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Abstract 

 

A CFD model of VVER-440 fuel assembly heads was developed based on the technical 

documentation of a full-scale test facility built in the Kurchatov Institute, Moscow. Steady-state and 

transient calculations were performed to validate the model with a measurement set and investigate the 

effects of the spatial discretization, choosing of different turbulence models and use of different inlet 

boundary conditions. Inlet boundary conditions were determined both with COBRA subchannel code 

and with a fuel rod bundle CFD model that was built for this special purpose. The sensitivity studies 

showed that grid of about 8 million cells and BSL Reynolds Stress model are suitable to receive 

accurate prediction for the signal of the in-core thermocouples. The results were also compared against 

the experimental data. The results of the rod bundle calculations received with both subchannel and 

CFD codes differ significantly from the experimental data in some peripheral points. Whereas the 

results of the assembly head model are in relatively good agreement with the measured data. Best 

prediction for the signal of the in-core thermocouple was achieved with transient calculation using 

inlet boundary conditions generated by the CFD fuel rod bundle model. These calculations pointed out 

the difference between the outlet average temperature of the coolant and the temperature at the 

housing of the in-core thermocouple. Besides, the significant role of the outflow from the central tube 

was also proven. The transient runs revealed intensive coolant mixing with relatively large temperature 

fluctuations. 

 

 

1. INTRODUCTION 

In the VVER-440/213 type reactors (Russian designed PWR) the reactor core outlet temperature 

field is measured with in-core thermocouples installed above 210 fuel assemblies. These measured 

temperature values are fundamental information for the on-line core monitoring system. Based on 

these values, the radial distributions of the neutron flux and the assembly power are determined. 

Furthermore, these data have significant role in the limitation of the reactor power and in the 

prediction of the outlet temperatures of the fuel assemblies on positions without temperature 

measurements. For these purposes, it is desirable to process the temperature values measured by the 

thermocouples adequately. Originally, the measured values were supposed to be equal with the outlet 

average temperatures. In the last few years several CFD calculations called attention to the fact that 

this assumption is generally not acceptable (Toppila, 2004), (Légrádi, 2004), (Klučárová 2006) due to 

the imperfect coolant mixing in the fuel assembly heads. Naturally, these deviations have not caused 

any notable operational problems due to the use of conservative margins in the processing of the in-

core temperature measurement data. However, the plans for applying new type of fuel assemblies (use 

of burnable poisons etc.) and the research activity around the technical conditions of power upgrade 

placed this question into the fore. 

In order to perform experimental investigations, a test facility was built in the Kurchatov Institute 

(Russia) and extensive measurement series were carried out (Kobzar, 2006). The test facility included 

a full-scale model of a VVER-440 fuel assembly from the bottom level of the active part up to the 

head part. The heat generation in the fuel rods was reproduced with heating elements of different 

electric resistances. The heating elements were arranged in three groups, which could be fed from 

separate power supplies thus heat generation of higher non-uniformity could be modeled as well. The 
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temperature distributions were measured in 39 points at the outlet of the rod bundle and in 31 positions 

at the level of the in-core thermocouple. The measurements were performed under close-to-operational 

conditions (coolant pressure, temperature and mass flow, pin powers). Based on the technical 

documentation of the test facility, a VVER-440 fuel assembly head model was developed with the 

code ANSYS CFX (ANSYS, 2007) at our institute. A CFD model of the VVER-440 fuel pin bundles 

was built as well in order to determine inlet boundary conditions for the head model. An important 

goal was to validate these models with the experimental data measured in the Kurchatov Institute. 

Then, the validated models will be applied to specify a correction for the in-core temperature 

measurements. The above models, comprehensive sensitivity studies, the results of the calculations 

and their validations are described in the paper. 

 

2. ROD BUNDLE CALCULATIONS 

2.1 Description of the rod bundle model 

The fuel assemblies of the VVER-440 type reactors consist of three main parts: assembly legs, rod 

bundles and assembly heads. Rod bundles include 126 fuel rods arranged in a triangular lattice, 11 

spacer grids and a central tube for the self-powered neutron detectors (SPND). The bundles are 

surrounded by assembly shrouds, which prevent the coolant mixing between the fuel assemblies. 

 
 

                                          
 

 

 

 
Fig. 1: Geometry, boundary conditions and mesh of the rod bundle model. 
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Fig. 2: Pin power distribution in the case of the measurement that was chosen for validation. 

 

A CFD model of these pin bundles was developed for providing more realistic and accurate inlet 

boundary conditions for the assembly head model than a subchannel code can provide. A 60 degrees 

segment was modeled in order to limit the number of cells. By using this model inlet boundary 

condition sets for the assembly head model could be generated. The model includes the 2420 mm long 

active part and about 100 mm long inactive upper part of the rod bundles. 24 of the fuel pins, the 

central tube, the 11 spacer grids and the inner wall of the shroud were modeled (Fig. 1). The 

dimensions correspond to the dimensions of the model assembly that was investigated in the Russian 

experiment. Outer diameter of the rods is 9.1 mm and the rod pitch is 12.3 mm. Inner space of the 

shroud is 142.2 mm. 

This complex model was built up from 11 submodels (see one of them on the right side in Fig. 1). 

Non-matching grids of neighbouring submodels were connected with GGIs (General Grid Interface). 

A subgeometry was meshed with a hybrid mesh consisting of tetrahedral, hexahedral and prismatic 

volume elements. Near the spacer grid, unstructured tetrahedral mesh was applied with prismatic 

layers close to the walls. Under and above the tetrahedral region extruded mesh of prismatic and 

hexahedral elements was used. The total number of the cells is about 9.5 million. 

The parameters and boundary conditions of the model (Fig. 1) are based on the main conditions of 

the modeled experiment (Table 1). Inlet condition was given as coolant mass flow rate and 

temperature on the bottom surface of the model. Unfortunately, turbulence quantities were not 

measured during the experiment therefore the turbulence intensity and viscosity ratio are based on 

assumptions. No-slip smooth wall boundary condition with uniform heat flux was set on the surfaces 

of the rods. Heat flux values were calculated from pin powers determined in the experiment (Fig. 2). 

Outlet boundary condition was used with relative average pressure on the top surface. The reference 

pressure was 94.3 bar. On the side planes, symmetry constraints were used. Surfaces of the shroud, 

central tube and spacer grids were treated as adiabatic no-slip smooth walls. The inflow from the rod 

bundle into the central tube through its small cuts was modeled as a surface sink. The mass flux of the 

sink was determined based on measured data. BSL Reynolds Stress turbulence model with automatic 

wall treatment (ANSYS, 2007) was used in the calculations. BSL Reynolds Stress model is a second-

order closure model in which transport equations for individual Reynolds stresses and for specific 

dissipation are solved. In an earlier work, it was justified that this model is suitable to calculate the 

characteristics of the flow field in VVER-440 rod bundles (Tóth, 2007). 

High Resolution scheme (ANSYS, 2007) was applied as discretization scheme for the advection 

terms. This scheme uses a numerical correction to overcome the diffusive nature of the upwind scheme 

without introducing local oscillations. Temperature and pressure dependencies of the water coolant 

were taken into account using the IAPWS-IF97 data implemented in the code. Computations were 

performed in steady-state mode. Convergence criteria were 10
-5
 for the RMS of residuals and 0.01% 

for the imbalances. 
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Table 1: Main conditions of the chosen measurement. 

 
Pressure at rod bundle exit [bar] 94.3

Inlet temperature of coolant [°C] 237.4

Total mass flow [t/h] 57.82

By-pass flow [t/h] 0

Total heat power [kW] 1,244.6

Heat power of group 1 [kW] 588.2

Heat power of group 2 [kW] 380.5

Heat power of group 3 [kW] 275.9

Outlet temperature of coolant from cenral tube [°C] 244.4  
 

2.2 Results of the rod bundle calculations 

Computations were performed for each 60 degrees segment of the rod bundle using six INTEL 

XEON 2000 and 3000 MHz processors for each calculation. Total computation time of the six 

calculations was about 120 hours. With this run-batch, the goal was determination of the inlet 

boundary condition for the assembly head model. Fig. 3 shows the temperature distributions at the end 

of the heated rod bundle – which corresponds to the inlet level of the assembly head model – 

calculated with the CFX code and COBRA subchannel code (Rowe, 1973). It can be seen that the 

characteristic of the results is similar and shows the characteristic of the pin power distribution. 

Naturally, the COBRA code gave subchannel average values therefore the temperature distribution is 

more uniform in that case. 

 

    
 

 

Fig. 3: Temperature distributions at the end of the heated rod bundle. 

 

 
 

Fig. 4: Temperature surface at the outlet calculated with the CFX rod bundle model. 

COBRA CFX 
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Fig. 4 shows the temperature surface at the rod bundle outlet. Near the adiabatic walls (shroud, 

central tube), the temperature gradient is quite larger than in the remaining region. There are two 

significant jumps in the temperature field (marked by red rectangles in Fig. 4). The origin of these 

jumps is the significant power deviations between neighbouring pins at the 60-degree symmetry 

planes. The problematic two pin pairs are marked by red rectangles in Fig. 2. These discrepancies 

could be eliminated with performing calculations with coupling two or more rod bundle segments. 

Fig. 6 shows the temperature distributions along measuring radiuses (see Fig. 5) shifted with the 

outlet average temperature calculated from the heat balance. The measured values and the calculated 

ones with COBRA and CFX codes are presented also. In some points, measured values are missing 

because the corresponding data were not given. In most cases, the temperatures given by the COBRA 

code well correspond to subchannel average temperatures at the CFX calculation. It is important to 

note that the COBRA code generally gave 0.5-1.5 °C higher temperature results than the CFX code in 

the measuring points. The main reason is that the COBRA code determines subchannel average values 

while the CFX code can calculate spatial temperature distributions. The results point out that 

difference between these temperature values is usually not negligible therefore the measurement data 

can not be used directly for validating the COBRA model. 
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Fig. 5: Measuring points at the outlet of the rod bundle. 
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Fig. 6: Temperature distributions along radiuses at the outlet of the rod bundle. 
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Fig. 7: Axial velocity distributions at the end of the heated rod bundle. 

 

The characteristics of the deviations from the measurements are rather similar in spite of that 

fundamentally different computational approaches were used. Large differences of 3-4.5 °C can be 

experienced in the peripheral points. These deviations can not be explained only with the inaccuracy 

of the calculation. Exploration of possible reasons (e.g. inaccuracy in positioning of the 

thermocouples) is in progress. Less differences can be observed in the inner region. 

Distributions of the axial velocity at the end of the heated rod bundle are shown in Fig. 7. In the 

case of the CFX result, impact of the spacer grid can be observed clearly. Naturally, COBRA code is 

not able to catch the effect of the grid in details therefore the velocity field calculated with it is much 

more homogeneous. 

 

3. ASSEMBLY HEAD CALCULATIONS 

3.1 Description of the assembly head model 

The geometry model of VVER-440 assembly heads (Fig. 8) was built based on technical 

documentation of the test facility. The top level of the fuel rods’ active part was chosen to be the 

bottom level of the model. Hereby the inlet was moved farther from the region of interest in order to 

ensure more realistic conditions. The outlet was defined at the upper core support plate, which is 

connected to the fuel assembly head from above and contains the in-core thermocouples. The model 

includes all parts of the assembly head which are important from the point of view of the coolant 

mixing. 

Three different meshes were developed in order to examine the mesh sensitivity of the target 

variable, i.e. the average temperature on the thermocouple housing (marked by red in Fig. 8). Because 

of the complexity of the geometry hybrid meshes with the same structure were developed. The bottom 

region (Fig. 9/B) was meshed with tetrahedral elements near the spacer grid and with prism elements 

below and above the tetrahedral zone. Three flat mesh layers were developed near the walls to resolve 

better the strong gradients (Fig. 9/C). Owing to its irregular shape, the top region (Fig. 9/A) was 

meshed with also tetrahedral cells and with flat prisms in the near-wall region. Local grid refinements 

were applied in various parts of the geometry (at the ending of the pins, around the mixing grid, the 

catcher and thermocouple housing). Non-matching meshes of the bottom and top regions were 

connected with GGI interface. Since our goal was the investigation of the coolant mixing in assembly 

heads, the mesh resolution was changed in the top region only. The main characteristics and notations 

of the girds are shown in Table 2. Fine and coarse meshes were developed with refinement and 

coarsening of the base mesh. The effective grid refinement ratio (Eq. 1) was about 1.2. 
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Fig. 8: Geometry and boundary conditions of the fuel assembly head model (cutaway view). 

 

 
 

Fig. 9: Mesh of the fuel assembly head model (cutaway view). 
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Table 2: Main characteristics of the meshes 

 
Coarse mesh Base mesh Fine mesh

Scale factor 1.2 1 0.8

Total numer of cells 6,009,476 8,046,001 10,656,716

Number of cells in top part 1,946,198 3,982,723 6,593,438

Number of nodes in top part 501,655 911,945 1,470,522

Effective refinement ratio - 1.22 1.17  
 

Table 3: Main characteristics of the calculations 

 
Velocity 

boundary 

condition

Temperature 

boundary 

condition

Type of 

simulation

SVST_R COBRA COBRA Steady state 

CVCT_R CFX CFX Steady state 

SVST_UR SVST_R SVST_R Unsteady

CVCT_UR CVCT_R CVCT_R Unsteady  
 

Boundary conditions are presented in Fig. 8. Inlet condition was applied at the bottom plane of the 

model. Inlet temperature and velocity distributions were determined by using of COBRA or CFX 

codes (Fig. 3 and Fig. 7). In the SVST cases the inlet temperature and axial velocity distributions were 

specified based on COBRA calculation (see Table 3). Due to the lack of any measured data, the inlet 

turbulence intensity and viscosity ratio were given based on assumptions. In the CVCT cases the inlet 

parameters (velocity, temperature and turbulence quantities) were determined with the CFX rod bundle 

model described in the previous section. In both cases inlet boundary condition was applied at the end 

of the central tube in order to take into account the flow from it. The velocity and temperature values 

were set on the basis of experimental data. For turbulence quantities supposed values were given. At 

the top plane of the model outlet condition was applied with relative average pressure. Reference 

pressure was 94.3 bar. All physical walls were treated as no-slip smooth adiabatic walls. 

Turbulence was modeled with SST (Menter, 1993), BSL Reynolds Stress and SAS-SST 

(Menter, 2005) models and their impacts were studied. SST model belongs to the two equation 

turbulence models. Transport equations for the turbulence kinetic energy and specific dissipation are 

solved and the eddy viscosity is calculated based on these parameters. This model combines the 

advantages of the k-ε and k-ω models in such a way that it blends between them and it accounts for the 
transport of the turbulent shear stress to give more accurate prediction for separation. This model is 

extensively used for solving industrial flow problems. BSL Reynolds Stress model is a second-order 

closure model, in which transport equations for individual Reynolds stresses and for specific 

dissipation are solved. Similarly to the SST model, it combines the advantages of  ε and ω based 
models using a blending function. This complex model was expected to describe the fundamental 

turbulent processes in assembly heads. SAS (Scale-Adaptive Simulation) is an improved URANS 

(Unsteady Reynolds Averaged Navier-Stokes) method. This method allows resolution of turbulent 

spectrum in unstable flow regimes owing to introduction of von Kármán length-scale into the 

turbulence scale equation (into the ω-equation in the case of the SAS-SST model). In stable flow 
regions, the model provides the solution of the RANS (Reynolds Averaged Navier-Stokes) equations. 

The model has similar functionality like the DES (Detached Eddy Simulation) but it is less mesh 

sensitive. This model is proposed for calculations of flows with unsteady detached regions. Such 

regions were expected to develop in fuel assembly heads (behind the fuel pins, the mixing grid and the 

catcher). Each model was used with automatic near-wall treatment. 

High Resolution scheme was applied for the discretization of the advection terms. Temperature 

and pressure dependencies of the water properties were taken into account using IAPWS-IF97 water 

data, which are implemented in the CFX code. Convergence criteria were 10
-4
 for the RMS of 

residuals and 0.01% for the imbalances. 

First, steady-state runs were performed. Since 0.1-0.5 °C temperature fluctuations were 

experienced in upper measuring points during the iteration of the steady-state calculations transient 
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simulations were also accomplished. Only the upper part of the model was investigated in the transient 

runs. The initial and inlet boundary conditions were determined from the results of the corresponding 

former RANS simulations. The velocity components, temperature field, turbulence quantities 

(Reynolds stresses and turbulent dissipation in the case of the BSL Reynolds Stress calculation, 

turbulent kinetic energy and turbulent dissipation in the cases of the SST and SAS-SST calculations) 

on the GGI interfaces of the RANS calculations were used as inlet conditions for the transients. 

Second Order Backward Euler scheme was used for the temporal discretization. 0.00125 s time step 

was used. 1 s long processes were investigated in the cases of the calculations performed with BSL 

Reynolds Stress and SST turbulence models and 2 s long transient was run with the SAS model. These 

simulation times were long enough to evaluate the time-averaged temperatures in the measurement 

points with an uncertainty of 0.1 °C. Other boundary conditions and settings were the same as in the 

steady-state calculations. 

 

3.2 Results of the sensitivity studies 

3.2.1 Mesh sensitivity study 

Our general goal is to develop CFD models with which the in-core thermocouples’ signal can be 

reproduced. Therefore, the surface average temperature on its housing was chosen to be the target 

variable. Three girds with different resolutions were created and calculations were performed with 

using the same boundary conditions in order to investigate the impact of the spatial discretization on 

the target variable. The inlet boundary conditions were determined with the CFX rod bundle model 

thus ensuring more realistic inlet conditions and minimizing the error coming from it. BSL Reynolds 

Stress turbulence model was applied to decrease the modeling error. As it will be shown in the next 

subsection, this model gave the best solution for the target variable. Only the time-averaged results of 

URANS simulations are presented. Fig. 10 shows temperature profiles at the level of the in-core 

thermocouple (see Fig. 13) calculated on three meshes. 
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Fig. 10: Temperature profiles at the level of the in-core thermocouple calculated on the three girds. 
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Table 4: Main results of the mesh sensitivity study 

TOUT ETOUT TST ETST

[°C] [°C] [°C] [°C]

Coarse mesh 253.82 0.12 251.88 -0.72

Base mesh 253.81 0.11 252.39 -0.21

Fine mesh 253.81 0.11 252.48 -0.12

Experiment 253.8±0.63 0.10 252.6±0.63 -

Heat balance 253.7 - - -

Mesh

 
 

These profiles show rather similar characteristic. The deviation between profiles calculated on the 

base and fine meshes is much smaller than it is between profiles calculated on the base and coarse 

meshes. By increasing the mesh density, the deviances are decreased and the results converge towards 

the mesh-independent solution. 

The main results of the mesh sensitivity study are summarized in Table 4. Each calculated outlet 

average temperature values are in good agreement with the measured data. Difference between target 

variables computed on the base and fine meshes is negligible and both values agree well with the 

experimental data. By using coarse mesh, more inaccurate solution was obtained, which deviates 

stronger from other calculated values and measured data, therefore this gird was rejected. 

The magnitude of spatial discretization errors can be assessed with the grid convergence 

index (GCI). In case the solutions on three grids were in the asymptotic region, the following 

expression should approach the order of the discretization scheme (Mahaffy, 2007): 
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The average value of the refinement ratios is 1.2; the calculated order of the convergence is about 

9.5, which is clearly a non-physically value. Expected order of applied High Resolution scheme is 

between first-order and second-order (i.e. between 1 and 2). Possible reasons may be: the coarse mesh 

solution is not in the asymptotic region or the mesh refinement is not perfectly global and systematic. 

For this reason, an approximate value of 1.5 was considered for the convergence order. GCI is defined 

for the fine grid as follows: 
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GCI is defined for the coarser mesh as follows (Roache, 1997): 
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A value of 3 was used for the factor of safety because an approximate value was considered for the 

order of the grid convergence. GCI for the fine mesh solution is about 0.4% and 0.5% for the base 

mesh solution, which values are acceptable. 

Whereas perfect mesh-independent solution was not reached, the temperature profiles calculated 

on the base and fine meshes do not differ considerably and target values agree with the measured data 

well. Therefore, both grids were valued as acceptable. For the further calculations, the base mesh was 

chosen because of its smaller computational effort needs. 



  11 

3.2.2 Sensitivity study on the turbulence model 

 
The sensitivity study on the turbulence model was carried out with use of the SST, SAS-SST and 

BSL Reynolds Stress turbulence models. During this study, the base mesh was used and inlet boundary 

conditions determined with CFD code were applied. The time-averaged temperature profiles at the in-

core thermocouple level are shown in Fig 11. Profiles differ from each other but the sensitivity on 

turbulence model can not be said strong. The main time-averaged results of the calculations are given 

in Table 5. Outlet average temperatures do not differ from each other. The target variable calculated 

with SST model is farthest from the measured value. SAS-SST simulation provided a more accurate 

prediction than the URANS SST calculation and it corresponds satisfactorily with the experimental 

data. This improvement comes from the use of the SAS method, which allows a more adequate 

simulation of turbulent structures in detached flow regions than the URANS method do. BSL 

Reynolds Stress model provided the best result for the target variable, which corresponds well with the 

experimental data. This is a consequence of higher description level of turbulence in comparison to the 

SST model. Therefore, BSL Reynolds Stress model was selected for further calculations. 
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Fig. 11: Temperature profiles at the level of the in-core thermocouple calculated with the three 

turbulence models. 

 

Table 5: Main results of mesh sensitivity study 

TOUT ETOUT TST ETST

[°C] [°C] [°C] [°C]

SST 253.80 0.10 251.82 -0.78

SAS-SST 253.80 0.10 252.19 -0.41

BSL Reynolds Stress 253.81 0.11 252.39 -0.21

Experiment 253.8±0.63 0.10 252.6±0.63 -

Heat balance 253.7 - - -

Turbulence model
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3.3 Results of the assembly head calculations 

With base mesh and BSL Reynolds Stress turbulence model, calculations were performed. Several 

inlet boundary condition sets were used that were determined with COBRA subchannel code or CFD 

rod bundle model. Simulations were run on four INTEL XEON 3000 MHz processors. A steady-state 

simulation needed about 16 hours while approximately 95 hours were necessary for a transient 

calculation. Since qualitative differences were not experienced between the results, only SVST_R run 

is presented in details. 

 

      
 

Fig. 12: Velocity field in the assembly head (SVST_R calculation). 

 

 

   
 

Fig. 13: Temperature field in the assembly head (SVST_R calculation). 
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Fig. 12 represents the velocity field in the assembly head. The velocity field is relatively uniform 

among the fuel rods. Above the rods, eddies develop in many locations (behind the pins, in the corners 

between the shroud and the mixing grid) and these eddies intensify the coolant mixing. In the holes of 

the mixing grid, the velocity increases and further swirls form behind it. The largest eddies evolve near 

the centre of the mixing grid. Approaching the catcher, the velocity distribution becomes relatively 

uniform. Behind it, the velocity increases in the middle region and additional eddies develop in the 

peripheral zone. The trace of the catcher can be observed clearly at the level of the in-core 

thermocouple. 

Fig. 13 shows the temperature field. At the inlet, the temperature distribution is inhomogeneous 

and this characteristic practically does not change along unheated part of the rod bundle. Above the 

rods, intensive mixing can be observed due to the contribution of the large eddies. Moving down-

stream, the temperature field becomes more homogeneous because of the effects of the mixing grid 

and catcher, but the mixing is not perfect to the in-core thermocouple. The main characteristics of the 

inlet temperature distribution can be discovered in the peripheral zone at the level of the thermocouple. 

Around the thermocouple housing, the temperature is lower due to the lower temperature outflow from 

the central tube. Thus, the in-core thermocouple measures a significantly lower value than the outlet 

average temperature in the investigated case. Based on these results, modeling of the outflow from the 

central tube is not negligible because it has an important impact on the temperature measurements. 

In Fig. 14, the temperature fluctuations in some points can be seen in the case of the CVCT_UR 

simulation. Large fluctuations (0.8-1.8 °C) can be observed close to the housing of the in-core 

thermocouple. The magnitude of the fluctuations is smaller farther from the middle region. 

Fig. 15 shows the temperature profiles (shifted with the outlet average temperature calculated 

from the heat balance) along radiuses at the level of the in-core thermocouple (Fig. 13). In the cases of 

the URANS calculations the time-averaged values are given. It can be seen that there are no 

significant differences between the results of the unsteady and steady calculations by the same 

boundary conditions. It must be mentioned that the uncertainties of the URANS results are smaller due 

to use of adequate time-averaging. SVST and CVCT results do not differ essentially despite 

differences in the inlet boundary conditions. 
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Fig. 14: Temperature fluctuations in some points (CVCT_UR calculation). 
 

Good agreement can be experienced between the measured data and simulation results in spite of 

the large deviations in the inlet boundary conditions. Generally, close to the thermocouple housing the 

temperature values are slightly underestimated while in the outer region they are slightly 

overestimated. 

The main results of the calculations and measurement are summarized in Table 6. The calculated 

outlet average temperatures of the coolant correspond well with the measured data and with the value 

that was calculated from the heat balance. Every simulation gave an acceptable prediction for the 

average temperature on the thermocouple housing. The result of the CVCT_UR calculation (transient 

simulation, inlet boundary condition determined with CFX code) agrees the best with the measured 

value. 
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Fig. 15: Temperature profiles along radiuses at the level of the in-core thermocouple. 

 

Table 6: Main numerical results of the assembly head calculations 

 
TOUT ETOUT TST ETST ∆∆∆∆TST δΤδΤδΤδΤ ST

[°C] [°C] [°C] [°C] [°C]

SVST_R 253,74 0,04 252,11 -0,49 -1,59 -9,8%

CVCT_R 253,79 0,09 251,97 -0,63 -1,73 -10,6%

SVST_UR 253,74 0,04 252,22 -0,38 -1,48 -9,1%

CVCT_UR 253,81 0,11 252,39 -0,21 -1,31 -8,0%

Experiment 253.8±0.63 0,10 252.6±0.63 - -1,1 -6,7%

Heat balance 253,7 - - - - -
 

 

4. CONCLUSIONS 

A detailed CFD model of the head part of VVER-440 fuel assemblies was developed based on the 

technical documentation of a full-scale test facility that was built in the Kurchatov Institute, Moscow. 

Several calculations were performed for a measurement set. Validation of the model and investigation 

of sensitivity for the spatial discretization, turbulence model and inlet boundary condition sets were 

also performed. Inlet conditions were determined with both the COBRA subchannel code and a CFX 

rod bundle model that was developed for this special purpose. Comparison against experimental data 

is also shown. 

The results of the COBRA subchannel code and the CFD rod bundle model are related to the 

experimental data similarly in spite of the fact that the codes are based on different fundamentals. The 

reasons of higher experienced deviations from the measured data in peripheral points are being 

investigated. The CFD calculations showed that the experimental data can not be used directly for 

validating the COBRA model. 

The mesh sensitivity study for the assembly head model pointed out that using a grid of about 

8 million cells reliable results can be achieved. The sensitivity study on the turbulence model showed 

that the simulation performed with the SAS-SST model gave better prediction for the target variable 
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than the calculation with the URANS SST model. The best results were obtained with URANS BSL 

Reynolds Stress model. 

The simulations proved that the coolant mixing is more intensive in the fuel assembly head than in 

the rod bundle, but it is not perfect. Therefore, the in-core thermocouple generally measures a value 

that differs from the outlet average temperature of the coolant. The investigations showed that the 

outflow from the central tube influences strongly the temperature measurement therefore this flow has 

to be taken into account in VVER-440 assembly head calculations. The results of the fuel assembly 

head calculations are in relatively good agreement with the measurement data. Significant differences 

were not found between the results of the simulations performed by using inlet boundary conditions 

generated with the CFX or COBRA calculations. It seems that the assembly head model is less 

sensitive to the quality of the inlet boundary sets thus acceptable results can be achieved using inlet 

condition sets calculated with the COBRA subchannel code. The transient simulations predicted 

unsteady flow with large temperature fluctuations near the housing of the in-core thermocouple. By 

using the same boundary condition sets, steady-state and transient simulations gave close to the same 

results for the time-averaged temperature values. Anyway, the application of transient calculations is 

more suitable from the point of view of the reduction of calculation uncertainties. Best prediction for 

“in-core temperature measurement” was achieved with transient calculation using inlet boundary 

conditions generated by the CFX fuel rod bundle model. 

In the near future, examination of additional measurement sets is aimed in order to strengthen the 

validation of the model. The validated assembly head model will be applied in the determination of a 

correction for the in-core thermocouple signals. 
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NOMENCLATURE 

D dimension of the problem 

ETOUT TOUT-TBAL, where TBAL is the outlet average temperature of the coolant calculated from 

the heat balance 

ETST TST-TST_M, where TST_M is the temperature measured with regular thermocouple 

Fs factor of safety 

IN
m&  inlet mass flow rate 

Ni number of grid points 
reff effective gird refinement ratio 
p rate of the grid convergence 
pOUT outlet pressure 
''q&  wall heat flux 

TB-X-X temperatures at the outlet of the rod bundle 
TIN inlet temperature 
TOUT outlet average temperature of the coolant 

TST average temperature on the in-core thermocouple housing (Fig.2 marked by red) 
TT-X-X temperatures at the level of the regular thermocouple 
Tu turbulence intensity 
vIN inlet velocity 

∆TST TST-TBAL 

δTST ∆TST/∆TBAL, where ∆TBAL is warm up of the coolant calculated from the heat balance 
Φ mass flux 
µ dynamic viscosity 
µt turbulent dynamic viscosity 
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Abstract 
 
The paper gives an overview of T-junction mixing experiments carried out with wire-mesh sensors and 
related code validation activities. The mixing of coolant streams of different temperature in pipe junctions 
leads to temperature fluctuations that may cause thermal fatigue in the pipe wall. This is practical 
background for an increased interest in measuring and predicting the transient flow field and the turbulent 
mixing pattern downstream of a T-junction. The modeling task is quite challenging since transient CFD 
simulations are necessary. On the other hand, the flow in a T-junction is an excellent test case for steady-
state calculations as well.  

 
Fig. 1 T-junction for mixing studies  

 
The presented experiments were carried out at a perpendicular connection of two pipes of 50 mm inner 
diameter (Fig. 1). The straight and the side branches were supplied by water of different electrical 
conductivity (tap water, desalinated water), the conductivity replaced the temperature as a model for the 
thermal mixing process. A set of three wire-mesh sensors with a grid of 16 x 16 measuring points each 
was used to record conductivity distributions downstream of the T-junction. In some experiments, one of 
the sensors was placed close to the inlet of the side branch in order to observe back entrainment of liquid 
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in the main branch, which was found to occur at very low flow rates in the side branch. After a calibration 
to the conductivities of both inlet streams, the conductivity was transformed into a dimensionless mixing 
scalar with a time resolution of up to 10 kHz. 
The data was used to check the accuracy of steady-state calculations with k-eps, SST (Shear Stress 
Transport) and RSM (Reynolds Stress Model). It was found that the RSM is best suitable to reproduce the 
time-averaged mixing scalar profiles downstream of the junction (Fig. 2). This includes the correct 
prediction of a recirculation region formed due to a flow separation caused by the side flow. The transport 
model for the mixing scalar is based on the assumption of an isotropic turbulent diffusion which is 
deduced from the local turbulent viscosity by defining a turbulent Schmidt number Sct. It was found that 
the use of the standard value of Sct = 0.9 results in a strong underestimation of the turbulent dispersion. 
Sct has to be decreased down to 0.1 in order to improve the agreement. 
 

 
 
Fig. 2 Distribution of the mixing scalar x/D = 1 with different velocity ratio (side branch to main 

branch) calculated with the BSL Reynolds stress model and Sct = 0.1 
Lines: contour-line of the mixing scalar = 0.25, 0.5 and 0.75, black: calculation, magenta: 
experiments 
 

The advantage of wire-mesh sensors to provide two-dimensional distributions of the mixing scalar with a 
high time resolution was used to evaluate fluctuations of the mixing scalar. The statistical methods 
applied were: the calculation of distributions of the RMS value, a spectral analysis of the fluctuations and 
cross-correlation analyses. The latter were performed both between a pair of subsequent sensors to 
determine velocity profiles as well as within the measuring plane of the first sensor in the flow direction. 
Results will be presented in the paper. The mentioned analysis within a single measuring plane is carried 
out by cross-correlating the signal from a fixed measuring point of the sensor grid with all neighboring 
points. This method allows do visualize coherent structures like the recirculation region downstream of 
the side branch as well as to assess the scale of turbulent mixing structures.  
Finally, a brief report on the status of LES calculations will be given. First results of a comparison of 
similar statistical quantities originating from the modeling and the mesh-sensor measurements will be 
shown. It is expected that this type of analysis will make a strong contribution to the validation of LES. 
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Abstract 
Being of importance for turbulent and thermal mixing and consequently for thermal striping and 
thermal fatigue problems in nuclear power plants, the turbulent isothermal and thermal mixing 
phenomena have been investigated in two different testcase scenarios. First testcase scenario as 
proposed by ETHZ, Prasser et al. [18] comprises of turbulent mixing of two water streams of 
equal temperature in a T-junction of 50mm pipes in the horizontal plane and thereby excluding 
any buoyancy effects. The second testcase is based on the Vattenfall test facility in the 
Älvkarleby laboratory and has been proposed by Westin et al. [16], where water of 15K 
temperature difference mixes in a T-junction in vertical plane, provoking thermal striping 
phenomena. ANSYS CFX 11.0 with Reynolds averaging based (U)RANS turbulence models 
(SST, BSL RSM) as well as with scale-resolving SAS-SST turbulence model has been applied to 
both test cases. The CFD simulations have been carried out in accordance with Best Practice 
Guidelines as far as they were applicable. Results have been compared to wire-mesh sensor, LDV 
and thermocouple measurements. While the turbulent mixing in the ETHZ testcase could be 
reproduced in good quantitative agreement with data, the results of the LES-like simulations were 
not yet fully satisfying in terms of the obtained accuracy in comparison to the detailed 
measurement data, also the transient thermal striping phenomena and large-scale turbulence 
structure development was well reproduced in the simulations.  
 

Introduction 
 
Turbulent mixing of fluid of different temperature in T-junction geometries became of significant 
importance in the field of nuclear reactor safety, since it can lead to highly transient temperature 
fluctuations at the adjacent pipe walls, cyclic thermal stresses in the pipe walls and consequently 
to thermal fatigue and failure of the pipeline. Thermal striping and mixing, in general, is however 
challenging to predict by using common CFD simulation and turbulence modeling approaches.  
Besides the effort spent in former studies for thermal mixing phenomena in T-junctions of the 
Superphenix reactors, IAEA benchmarks and the European THERFAT project, recently two 
series of experiments have been carried out, which are directly aimed to provide detailed 
experimental data for thoroughly validation of CFD simulation approaches for the turbulent 
mixing of fluids of the same temperature as well as for the thermal striping phenomena in 
turbulent thermal fluid mixing in T-junctions. The first experiment was carried out by Vattenfall 
in 2006 at the Älvkarleby laboratory, Vattenfall Research and Development AB, while the second 
series of detailed measurements of turbulent isothermal and thermal mixing was carried out at the 
Laboratory for Nuclear Energy Systems, Institute for Energy Technology, ETHZ, Zürich, 
Switzerland. Both datasets were used in the present work for CFD model validation. 
The present paper describes first the Best Practice Guidelines related investigations on the 
turbulent mixing of water of equal temperature in a T-junction in the horizontal plane (ETHZ 
testcase, [18]). The investigations were aimed on investigation of grid independent CFD solutions 
for traditional RANS/URANS approaches using SST and BSL RSM turbulence models. 



Furthermore it is easy to observe that these traditional RANS/URANS turbulence modeling 
approaches are not capable to describe the phenomenon of thermal striping and high-frequency 
near-wall temperature fluctuations in turbulent thermal mixing in T-junctions correctly. Therefore, 
based on the experiences from the first testcase investigations, the scale-resolving SAS-SST 
model has been applied in a transient simulation to the conditions of the Vattenfall test facility 
[16] for one particular set of testcase conditions. For both testcases a short description of the test 
facilities and the testcase conditions are given. The detailed mesh and setup parameters for the 
CFD simulations are described and the CFD results are compared to the experimental data. From 
that comparison conclusions are formulated for the advantages and disadvantages of the used 
modeling approaches and recommendations for further investigations are given. 
 

 
Figure 1: ETHZ T-junction test facility in the horizontal plane. 

 

Flow rate in main pipe (tap water) 58.6 [l/min] 
Flow rate in branch pipe (de-ionized water) 59.2 [l/min] 
Average velocity in main pipe ~0.5 [m/s] 
Average velocity in branch pipe ~0.5 [m/s] 
Water temperature 25.0 [°C] 

Table 1: Main parameters of the ETHZ T-junction testcase No. 14. 

1. ETHZ Testcase – Turbulent Mixing of Isothermal Flows 

1.1.  ETHZ T-Junction Test Facility  

A series of detailed measurements of turbulent isothermal and thermal mixing was carried out at 
the Laboratory for Nuclear Energy Systems, Institute for Energy Technology, ETHZ, Zürich, 
Switzerland [18]. The used test section consists of a horizontal T-junction geometry of Plexiglas 
pipes of 50 mm inner diameter for both the main and the branch pipes. A photo of the test section 
is given in Fig.1. In the longer run pipe (main pipe, LM=1.5 m), tap water is flowing from left to 
right and the deionised water flows from the side through the shorter branch pipe (LB=0.5 m) as 
indicated in Fig 1. The two flows join and mix at and after the T-junction and the mixture is 
drained through a flexible hose shown on the right side (green).  
The lengths of the run and branch pipes allow to have a developed flow profile as the fluids arrive 
to the T-junction. Besides, at beginning of both the run pipe and the branch pipe, just behind the 
inlets, honeycombs are installed to straighten the flow against any upstream influence. The 
honeycombs have a cell size of 3.5 mm and a length of 60 mm in flow direction. In the 
arrangement shown on Fig 1, the main instrumentation, two wire-mesh sensors (WMS), are 



installed right behind each other downstream of the T-junction in the mixing region. Three-
dimensional flow field measurements (concentration of de-ionized water) have been carried out 
by the use of the 16×16 electrode WMS on the basis of difference in liquid conductivities of de-
ionised and tap water. Applying distance flanges, the sensors can be also positioned further 
downstream of the T-junction. In the experiments the measurement cross-sections for the WMS 
measurements were located at L=51mm, 71mm, 91mm, 111mm, 151mm, 191mm, 231mm, 
271mm and L=311mm downstream of the T-junction. It is also possible to install a wire-mesh 
sensor on the branch side of the T-junction. Details of the WMS measurement technique can be 
found in [13], [14] and [18]. 

1.2. Selected CFD Validation Testcase, Test Geometry, Meshes 

Several experiments have been carried out at ETHZ by varying the flow rates in the main and 
branch pipe, by exchanging the injection of tap water and de-ionized water and by changing the 
location of the WMSs. For the validation of the ANSYS CFX 11.0 code the test No. 14 has been 
selected. Main parameters of testcase No. 14 are given in Table 1. 
 

 
Figure 2: Geometry and boundary conditions for the ETHZ T-junction testcase. 

 
Mesh Nodes Refinement 

Factor 
Max y+ Max 

Angle 
Min 

Angle 
Max. Volume 

Change 
Coarse 447 401   22 144° 41° 1.74 
Medium 1 767 491 3.95 7 135° 44.5° 2.0 
Fine 7 830 664 4.43 4.5 141° 40.9° 2.08 

Table 2: Main parameters of mesh hierarchy for the ETHZ T-junction testcase geometry. 
 
Since the selected testcase is isothermal, so with equal water temperature in both the main and 
branch pipes, the mixing of the water from both pipes characterized by the water quality can be 
tackled by means of Reynolds-averaged Navier-Stokes equations (RANS). The geometry of the 
investigated testcase is shown in Fig. 2, where advantage is taken from the inherent axial 
symmetry of the setup wrt. to the symmetry plane of both pipes. Therefore simulations were 
carried out for only one half of the geometry, which is possible in case of isothermal steady-state 
flow simulation, where buoyancy effects are neglected. The inlet length in front of the T-junction 
was L=1.0m (20D) for the main pipe and L=0.5m (10D) for the branch pipe. 

Main Pipe Inlet 

Branch Pipe Inlet 

Outlet 
Monitoring Points 

Symmetry 

Pipe Wall 



a)  

b)  

c)  

Figure 3: Hierarchy of refined meshes for the ETHZ T-junction testcase geometry. 

 
In order to characterize numerical and modeling errors in accordance with the Best Practice 
Guidelines (BPG) [9], a hierarchy of 3 differently refined meshes has been generated, using the 
ANSYS ICEM-CFD Hexa mesh generator. Main characteristics of the hierarchical grids are 
given in Table 2. Figures showing the cross-sectional mesh refinement and the mesh resolution of 
the branch pipe can be seen in Fig. 3a)-c) for the coarse, medium and fine mesh. Quality of the 
meshes has been carefully maintained for all three mesh levels, as documented by the min. and 
max. mesh angles and the max. volume change for mesh elements. 
 
 



1.3.  CFD Simulation Setup and Boundary Conditions 

The simulations on all three meshes were carried out using steady-state RANS simulation with 
the Shear Stress Transport (SST) turbulence model [8]. The SST model applies a  
k-ω based model formulation in proximity of the wall and the k-ε model in the bulk of the flow, 
while a blending function ensures a smooth transition between the two models. Automatic wall 
functions were used, where a maximum y+=4.5 on the finest mesh assures, that the boundary 
layer can be fairly well resolved on this fine mesh. Since the flow in the T-junction is highly 
anisotropic where both flow streams mix and downstream of the T-junction, further studies have 
been carried out by applying the k-ω based Baseline Reynolds Stress Model (BSL-RSM) [2].  
The concentration of the de-ionized water has been simulated in both cases by solving a transport 
equation of a passive transport scalar Φ: 

 ( ) ( )j eff

j j j

U S
t x x x

ρ ρ Φ

 ∂ ∂ ∂ ∂Φ
Φ + Φ = Γ +  ∂ ∂ ∂ ∂ 

 (1) 

where: 

 t
eff

t

D
Sc

µ
ρ ΦΓ = +  (2) 

and DΦ is the kinematic diffusivity, SΦ is a source term for Φ (equal to zero in the present case) 
and Sct is the turbulent Schmidt number. The later term arises from the application of the eddy 
viscosity hypotheses in the Reynolds averaging process of this transport equation. Usually it is 
assumed, that the turbulent Schmidt number Sct~0.9. But it is known from literature, that other 
values have to be applied, e.g. for free jet flows in order to achieve numerical simulation results 
in close agreement to experiments. Therefore in the present study the turbulent Schmidt number 
was varied in the range 0.1≤ Sct ≤0.9. 
 
L=51mm 

 

L=191mm 

 
Figure 4: Profiles of the mixing scalar at two locations downstream of the T-junction for SST 
turbulence model simulations on 3 different meshes. 

 
In the simulations 1/6 power law velocity profiles in accordance with the specified mean water 
velocity of 0.5m/s in both main and branch pipes have been specified. The given inlet length of 
more then 10D allows for a fairly well developed turbulent velocity profile at the mixing point of 
both water streams in the T-junction. In addition a medium turbulence intensity level of 5% is 
specified at each inlet. For the mixing scalar Φ a value of 0.0 was set at the branch pipe inlet and 
1.0 for the main pipe. For the outlet a zero average static pressure outlet boundary condition has 
been applied. No slip conditions are set at the walls and a symmetry boundary condition has been 
assumed for the central symmetry plane of the geometry (see Fig. 2). 
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1.4.  CFD Simulations and Comparison to WMS Measurements   

First of all sensitivity studies with the SST turbulence model and the default value of Sct=0.9 
have been carried on all three different mesh levels for varying characteristic timescales of the 
false timestep integration of ANSYS CFX, which is used as a means of underrelaxing the 
equations as they iterate towards the final solution. Because the solver formulation is robust and 
fully implicit, a relatively large time scale can typically be selected, so that the convergence to 
steady-state is as fast as possible. No sensitivity of the numerical algorithm was found with 
respect to the characteristic timescale, which was set to ∆t=1.0s. The convergence criterion was 
set to 10-5 for the maximum residuals, which could be obtained in all simulation runs. 
Furthermore the mesh sensitivity was found to be not very large as well, as can be seen in Fig. 4 
from the comparison of profiles of the mixing scalar at L=51mm and L=191mm behind the T-
junction for an SST turbulence model simulation with Sct=0.2. Coarse and medium mesh results 
differ only slightly in location of large gradient of the mixing scalar, so that the fine mesh results 
can be regarded as mesh independent solutions. 
 

 
Figure 5: Streamlines of the turbulent mixing behind the T-junction. Double vortex system is 
developing on the inner pipe wall behind the T-junction. 

 
For the comparison of the established CFD results with the 16×16 wires WMS measurements the 
experimental data were read into the ANSYS CFX solver and were assigned to a so-called 
additional variable. By that means the experimental data are available for any kind of post-
processing in ANSYS CFX-Post, also it has to be kept in mind, that the spatial resolution of the 
WMS data is limited and restricted to the area between the first and last measurement cross-
section. 
During sensitivity analysis with respect to turbulent Schmidt number in the mixing scalar 
transport equation (1.1) it was found, that the default value of Sct=0.9 resulted in substantially to 
large gradients of the mixing scalar, i.e. a too sharp separation of the water stream of high and 
low mixing scalar values and a substantially underpredicted mixing of the two fluids. This result 
was established almost independently from the applied turbulence model and occurred in the CFD 
results for the SST and BSL RSM turbulence model as well.  
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Figure 6: Profiles of the mixing scalar for 4 different distances downstream of the T-junction for 
SST and BSL RSM turbulence model and different Sct values. 
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Figure 7: Cross-sectional distribution of the mixing scalar: BSL RSM turbulence model 
predictions (Sct=0.2) vs. WMS measurements. 
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By variation of the turbulent Schmidt number best agreement with the WMS measurements could 
be obtained for the investigated testcase for Sct=0.2. Fig. 6 shows corresponding comparison of 
parameter variation study using Sct=0.9, 0.2 and 0.1 for SST and BSL RSM turbulence model 
simulations in comparison to the experimental data at L=51mm, L=91mm, L=191mm and 
L=311mm downstream of the T-junction. Results obtained by using the BSL RSM turbulence 
model are generally in slightly better agreement with the experimental data. But the established 
increase in simulation accuracy for the mixing process seems not to be in a good relationship to 
the substantially higher computational effort for the higher-order turbulence model. 
Finally Fig. 7 shows representative cross-sectional plots of the mixing scalar distribution for the 
measurement cross-sections at L=51mm and L=191mm downstream of the T-junction. Pictures 
show, that the high mixing scalar concentration is transported by the forming and counter-rotating 
double-vortex behind the T-junction along the lower and upper pipe walls, while low values of 
the mixing scalar (indicating water from the branch pipe) remains for quite a long distance behind 
the T-junction at the right side of the main pipe, where the vortex cores induced by the branch 
pipe flow are located. Looking at figures for L=191mm it seems that the mixing process is despite 
the used Sct=0.2 still slightly faster in the experiment where the high mixing scalar concentration 
values at the left side of the main pipe are already more dissolved then in the CFD simulation. 

2. Vattenfall Testcase – Thermal Striping in Thermal Fluid Mixing 

In contrary to the turbulent mixing of two fluid streams of equal temperature, which can 
obviously quite accurately be described by traditional RANS models, the thermal mixing of two 
fluid streams of different temperature is a rather challenging testcase for Computational Fluid 
Dynamics (CFD). The CFD methods based on RANS, which are typically used in industrial 
applications, have difficulties to provide accurate results for this flow situation. In many cases the 
high turbulent viscosity predicted from the RANS based turbulence models in the mixing zone 
due to the locally high shear rates suppress any transient flow development and the CFD results 
tend to a steady-state solution. On the other hand side experimental observations clearly state 
strong and high-frequency temperature transients at pipe walls downstream of the T-junction, the 
so-called thermal striping effect, which can lead to high-cycle thermal fatigue, crack formation 
and pipeline break in practical applications, e.g. in pipelines in power plants. Recent studies using 
advanced scale-resolving methods such as LES and DES have shown promising results ([3], [5], 
[6], [7], [12], [15] and [17]). However, detailed validation of the tools and methods is still 
required in order to determine their range of validity and their expected accuracy. 

 
Figure 8: Side view of the Vattenfall T-junction test facility in the vertical plane (dimensions are 
given in mm). 

 
 



 
Figure 9: Side view of flow visualization test in the Vattenfall T-junction test facility. 

 

2.1.  Vattenfall T-Junction Test Facility  

The model tests were carried out during 2006 at the Älvkarleby Laboratory, Vattenfall Research 
and Development. The related testcase conditions have been documented and provided for CFD 
model validation by J. Westin et al., Vattenfall [16]. The test rig is illustrated in Figures 8 and 9, 
and was designed in order to obtain simple and well-defined inlet boundary conditions. The setup 
consists of a horizontal pipe with inner diameter 140 mm for the cold water flow (Q2), and a 
vertically oriented pipe with inner diameter 100 mm for the hot water flow (Q1). The hot water 
pipe is attached to the upper side of the horizontal cold water pipe. The length of the straight 
pipes upstream of the T-junction is more than 80 diameters for the cold water inlet, and 
approximately 20 diameters for the hot water inlet. A stagnation chamber with flow improving 
devices (tube bundles and perforated plates) is located at the entrance to each of the two inlet 
pipes. The origin of the coordinate system is in the centre of the T-junction. 
The temperature fluctuations near the walls were measured by Westin et al. [1], [16] with 
thermocouples located approximately 1 mm from the pipe wall. Two different types of 
thermocouples were used, with an estimated frequency response of 30 Hz and 45 Hz respectively. 
Velocity profiles were measured with two-component Laser Doppler Velocimetry (LDV) in each 
inlet pipe as well as in cross-sections located 2.6 and 6.6 diameters downstream of the T-junction. 
The mixing process has also been studied with single-point Laser Induced Fluorescence (LIF) at 
isothermal conditions. The pipes near the T-junction were made of plexiglass tubes surrounded by 
rectangular boxes filled with water in order to reduce the diffraction when the laser beams pass 
the curved pipe walls. 
The tests were carried out with a constant flow ratio Q2/Q1=2, which implies approximately 
equal flow velocities in the two inlet pipes. The temperature difference between the hot and cold 
water was 15°C (hot water temperature T1=30°C), and the Reynolds number in both inlet pipes 
were approximately 1.9·105 for the test case considered in the present paper with bulk velocities 
of approximately 1.53 m/s in the hot leg and 1.56 m/s in the cold leg (corresponding to Q1=12 l/s 
and Q2=24 l/s). Tests were also carried out [1] with the same flow ratio but varying Reynolds 
number (0.5·105 and 1·105) showing similar results. 
As mentioned earlier for the provided testcase it was applied significant care to establish well-
defined inlet boundary conditions for CFD model validation tests. The LDV-measurements in the 
cold water pipe just upstream of the T-junction showed mean velocity and turbulence profiles in 
good agreement with experimental data on fully developed pipe flow at similar Reynolds 
numbers. The length of the hot water inlet pipe was too short (20 diameters) to obtain fully 



developed flow conditions, but the inlet velocity profiles were measured in order to obtain inlet 
boundary conditions for the simulations. Therefore for the following CFD investigations the 
measured velocity profiles were used for both inlet cross-sections. 
When comparing computational and experimental results for the observed temperature fields non-
dimensional quantities are compared, such as  

 * cold

hot cold

T T
T

T T

−
=

−
 (3) 

The normalization reduces the influence of small temperature variations between different test 
days. In the results part of the present paper the mean temperatures near the pipe walls are 
reported at the left, right, top and bottom side of the pipe. Due to a mistake when assembling the 
T-junction, the thermocouples in cross sections z=2D, 4D, 6D and 8D are rotated 4° as compared 
to the design specifications, which must be taken into account when interpreting the data. 
 

 
Figure 10: Geometry and boundary conditions for the Vattenfall T-junction testcase. 

 
 

Flow rate in branch pipe (Q1, hot water) 12 [l/s] 
Flow rate in main pipe (Q2, cold water) 24 [l/s] 
Mean bulk velocity in branch pipe 1.53 [m/s] 
Mean bulk velocity in branch pipe 1.56 [m/s] 
Reynolds number for hot leg 1.9·105 
Reynolds number for cold leg 1.9·105 
Hot water temperature 30.0 [°C] 
Cold water temperature 15.0 [°C] 

Table 3: Main parameters of the thermal mixing Vattenfall T-junction testcase. 
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Figure 11: Hexahedral meshes generated for the Vattenfall T-junction testcase geometry. 

 

2.2. Selected CFD Validation Testcase, Test Geometry, Meshes 

From the three different experiments as provided in [16] for the validation investigation the so-
called “200%” testcase has been selected, referring to the Reynolds numbers, mean bulk 
velocities and volume flow rates as given in section 2.1. Main parameters of the testcase are given 
in Table 3. 
 

Mesh Nodes Refinement 
Factor 

Max y 
[mm] 

Max y+ 

Mesh 1 968.209   3.34 680 
Mesh 2 2.256.320 2.33 0.1 33.2 

Table 4: Main parameters of mesh hierarchy for the Vattenfall T-junction testcase geometry. 
 
Since it is well known from literature, that the thermal striping phenomena can not be accurately 
predicted by RANS or URANS based simulation approaches, the goal of the current investigation 
was the application of scale-resolving turbulence modeling to the testcase. For this purpose a high 
spatial and temporal resolution of the flow is necessary, which assures CFL numbers in the order 
of 1 everywhere in the geometry, where dominating turbulent length and time scales have to be 
resolved. Two hexahedral meshes were generated for the geometry of the Vattenfall testcase (see 
Fig. 11), starting with a rather coarse grid (ANSYS TGrid) and finally coming up with a mesh 
showing reasonably good near wall refinement with about 2.2 Mill. mesh nodes (ANSYS ICEM-
CFD Hexa). Meshes were generated scalable with minimum mesh angles of about 35 degree. The 
maximum y+ values of about 33.2 on the finer mesh is comparable to the near wall mesh 



refinement of the coarse mesh obtained for the ETHZ testcase, which is mainly due to the 
required higher homogeneity of mesh elements for the LES-like computations. Unfortunately the 
results on mesh 2 could not be obtained right in time for comparison in this paper, so further 
discussion of CFD results refer to the results as obtained for the mesh 1. 
It is worth mentioning, that unfortunately the orientation of the geometry in the CFD model was 
not the same as for the experiment, also the origin of the coordinate system has been placed in the 
center of the T-junction as well. Further on we will refer to the coordinate system used in the 
CFD simulations, showing its z-axis directed along the axis of the main pipe and its y-axis along 
the centerline of the branch pipe. Accordingly velocity components u, v and w are referring to 
these coordinate axes as well.  

2.3. CFD Simulation Setup and Boundary Conditions 

For the CFD investigation the inlet geometry was shortened to the locations of the LDV 
measurements in the cross-sections in the main and branch pipe in front of the T-junction (see Fig. 
10), since exactly the measured mean velocity profiles from the experimental data were 
prescribed here as inlet boundary conditions for the CFD simulation. Therefore inlet BC’s have 
been prescribed at the upstream cross sections at z=-3D2 for the cold leg (main pipe) and at y=-
3.1D1 for the hot leg (branch pipe). Profiles of turbulent kinetic energy and turbulent dissipation 
were derived from the LDV data for both inlets. No transient inflow boundary conditions, e.g. 
generation of unsteady velocity fluctuations according to turbulence spectra or use of unsteady 
pipe flow data, has been prescribed at the inlets. As for the ETHZ testcase a zero averaged static 
pressure outlet BC has been used for the outlet cross-section and non-slip BC’s with automatic 
wall treatment are used for all walls of the domain. Since the meshes were generated for the full 
3d geometry there was no more need for a symmetry boundary condition. Additionally so-called 
monitoring points were introduced at all locations of thermo-couples, as can be seen from Fig. 10, 
in order to monitor the transient history of main characteristics, i.e. fluid temperature at these 
locations for comparison with the data. 
For meshes 1 and 2 some basic investigations have been carried out for the verification of the 
CFD setup, the investigation of mesh independency of the CFD solution and for the quantification 
of the numerical error in steady-state and transient simulation using the Shear Strain Transport 
(SST) turbulence model in RANS and URANS mode. The temperature dependent fluid properties 
(density, viscosity) have been taken into account by defining the water properties from the 
industry standard IAPWS-IF97. Based on resulting fluid density differences fluid buoyancy has 
been taken into account. 
For the transient URANS SST and SST-SAS simulations a second-order backward Euler time 
discretization with a timestep of ∆t=0.001s was used and a convergence criterion based on the 
maximum residuals of 10-4 was reached at every timestep with 3-5 coefficient loops (sub-
iterations) per timestep. The high-resolution advection scheme has been applied for the spatial 
discretization of momentum equations. It was found, that after some initial transient behavior the 
URANS SST solution was quickly approaching a steady-state solution in terms of velocity and 
temperature fields. This result is as expected from the experience of other researchers and 
underlines the strong requirement for scale-resolving turbulence models for this type of 
applications. The solution obtained with the URANS SST model furthermore has been used as an 
initialization for the further transient investigations using the scale-resolving SST-SAS turbulence 
model. 
The so-called Scale-Adaptive Simulation (SAS) model was recently proposed by Menter & 
Egorov [10], [11] as a new method for the simulation of unsteady turbulent flows. The 
formulation can operate in standard (U)RANS mode, but has the capability of resolving the 
turbulent spectrum in unsteady flow regions. The method is termed Scale-Adaptive Simulation 
(SAS) modeling, as it adapts the length-scale automatically to the resolved scales of the flow field. 
The distinguishing factor in the model is the use of the von Karman length-scale, LνK, which is a 



three-dimensional generalization of the classic boundary layer definition ( ) ( )yUyU ′′′κ  (for 

details see [4]).  The governing equations of the SST-SAS model differ from those of the SST 
RANS model by the additional SAS source term QSAS in the transport equation for the turbulence 
eddy frequency ω: 
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where σω2 is the σω value for the k-ε  regime of the SST model and the source term QSAS 
reads: 
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Figure 12: Vortex structure developing downstream of the Vattenfall testcase T-junction as 
visualized by isosurfaces of the Q criteria (mesh 1, Q=100 1/s2). 



a) z=2D, time averaged velocity 2 2
u v+  

  

b) z=6D, time averaged velocity 2 2
u v+  

  
c) z=2D, time averaged temperature 

  

d) z=6D, time averaged temperature 

  
e) x=0, time averaged velocity 

 
f) x=0, time averaged temperature 

  

Figure 13: Time averaged velocity and temperature distributions. 



A complete description of the SST-SAS model can be found in the publications [4] and [11]. 
Contrary to standard URANS models, the SAS formulation provides a turbulent length-scale, 
which is not proportional to the thickness of the turbulent (shear) layer, but proportional to the 
local flow structure. The SAS solution automatically applies the RANS mode in the attached 
boundary layers, but allows a resolution of the turbulent structures in the detached regime. This 
behavior is in much better agreement with the true physics of the flow, as was also shown for 
other cases by Menter and Egorov [4], [10], [11]. The “LES”-like capability of the model is 
achieved without an explicit dependency on the grid spacing, contrary to classical LES methods. 
 

 Streamwise velocity w Streamwise velocity fluctuations wRMS 

z= 

2.6

D 

  
z= 

6.6

D 

  

Figure 14: Time averaged streamwise w velocity and w velocity fluctuations at y=0; z=2.6D and 
z=6.6D. 
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Figure 15: Time averaged crosswise v velocity and v velocity fluctuations at y=0; z=2.6D and 
z=6.6D. 
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2.4. CFD Simulations and Comparison to Data   

As already mentioned, the SAS-SST solution on the meshes 1 and 2 for the Vattenfall testcase 
geometry was initialized at T=0.0s with the quasi steady-state result from the preceding SST 
URANS simulation on the same mesh. Then transient simulation by using the SAS-SST scale-
resolving turbulence model approach has been carried out for 7.6s real time with a time step of 
∆t=0.001s, where after a first 1.48s the transient averaging of mean flow field characteristics (e.g. 
mean velocity and temperature) has been started. 
Fig. 12 shows the typical developing vortex structures downstream of the T-junction at T=7.6s 
real time. The visualization is based on isosurfaces of the so-called Q-criteria, where: 

 

2 2

2 2 j ji i

j i j i

u uu u
Q S

x x x x

   ∂ ∂∂ ∂
= Ω − = − − +      ∂ ∂ ∂ ∂   

 (7) 

with Ω being the vorticity and S the strain rate of the flow field. The figure clearly shows that the 
small change in the Vattenfall T-junction geometry in comparison to the ETHZ testcase by 
choosing a smaller diameter for the branch pipe leads to the formation of a so-called horseshoe 
vortex upstream the intruding hot water jet from the branch pipe. Furthermore the figure shows 
rather irregular turbulent vortex structures forming immediately downstream of the T-junction 
and being convected with the flow along the main pipe. Further downstream it can be observed, 
that the length scale of the vortex structures decreases with turbulent dissipation.  
Fig. 13 shows the time averaged velocity and temperature distributions in cross-sections at z=2D, 
z=6D and x=0. Mean temperature distribution in Fig. 13c) still shows for z=2D a rather sharp 
stratification of the hot and cold fluid with cold fluid temperature at the locations of 
thermocouples at the side walls of the pipe (in the statistically averaged temperature field). In the 
cross section at z=6D in Fig. 13d) the enhanced turbulent mixing has led to a propagation of high 
temperature liquid along the pipe walls, where rather high averaged fluid temperatures can now 
be observed at the ϕ=135° and ϕ=225° thermocouple locations. Furthermore Fig. 13f) shows the 
rather pronounced and progressed mixing at the cross section of z=6D, where the averaged fluid 
temperature is well below the hot fluid temperature everywhere in the cross section, also it is 
known from the instantaneous temperature distributions that the flow behavior is strongly 
transient with large temperature fluctuations. Fig. 13e) shows the recirculation zone behind the 
intruding hot water jet, which in turn leads to a delayed mixing of hot with cold water in that 
region close behind the T-junction at the top of the pipe. In the result the fluid temperature at the 
thermocouple sensor location on top wall of the pipe at z=2D still shows rather high fluid 
temperature close to the branch pipe inlet temperature. 
Fig. 14 shows the streamwise w velocity and wRMS velocity fluctuations at y=0; z=2.6D and 
z=6.6D respectively in direct comparison to the LDV measurement data at these locations. Fig. 
15 shows the corresponding comparison for the crosswise v velocity and vRMS velocity 
fluctuations in the same corresponding profiles.  
The streamwise w velocity in the left hand side diagrams of Fig. 14 shows reasonable well 
agreement with data. Further the fluctuation velocity in streamwise direction wRMS is in general 
good agreement with the measurements as well, also the pattern of the cross-sectional profile 
shows some asymmetry and some larger deviations from the data points on the right side of the 
pipe (positive x). This could be an indication that the averaging period in the CFD simulation of 
about T~6.12s real time (corresponding to 6120 iterations) was still too short in order to establish 
statistically reliable averaged values. Similar situation can be observed for the crosswise v 
velocity component and its RMS fluctuation as shown in Fig. 15. For the crosswise velocity 
component it can be observed, that the RMS fluctuations are substantially higher then the 
averaged mean values. 



Furthermore comparison has been made for the axial development of the centerline vRMS and 
wRMS fluctuation velocities in the range of 1.5D≤z≤7.5D in comparison to the LDV measurements 
as shown in Fig. 16. The predicted values from the statistical averaging of the CFD result show 
again a reasonable good agreement with data and the correct decay in the amplitude of the 
fluctuation velocities RMS over pipe length.  
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Figure 16: Development of centerline RMS velocities from z=0 to z=7.5D. 

 
Further comparisons are made for the normalized time-averaged wall temperatures at the bottom, 
left and right side as well as at the top wall of the pipe at the locations of the thermocouples in the 
experiment (r=69mm) and comparison to their data, as shown in Figs. 17a)-d). The definition of 
T* corresponds to the formula as given in eq. (3). Furthermore the results of the ANSYS CFX 
SAS-SST model have not only compared to data, but an ANSYS Fluent simulation has been 
carried out on the identical mesh 1 using the SAS-SST model implementation in ANSYS Fluent. 
Since the mesh 1 has still a rather coarse mesh resolution in the vicinity of the pipe wall and since 
the different cell-centered vs. vertex-centered discretisation schemes of ANSYS CFX and 
ANSYS Fluent lead in that case to different locations of data representation and different 
resolution of the boundary layer, a second data set of temperature corresponding to a wall 
distance of the second mesh node at 7mm from the pipe wall (r=63mm) has been included in the 
diagrams.   
It can be observed from Fig. 17a), that the SAS-SST simulation results agree very well with data 
for the thermocouple locations at the bottom wall of the pipe for the full axial range of 
measurements between 2≤z/D≤10. Almost no difference can be observed for the two compared 
numerical simulations of ANSYS CFX and ANSYS Fluent. 
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Figure 17: Development of time-averaged water temperature over pipe length for thermocouple 
locations at top, left and right side wall as well as at the bottom of the pipe. 
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Figure 18: Temperature fluctuations over time for thermocouples T52 and T58 at z=4D; 
ϕ=±45° a): as predicted from ANSYS CFX SAS-SST simulation; b): experimental data. 
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Figure 19: Temperature fluctuations over time for thermocouples T53 and T57 at z=4D; 
ϕ=±90° a): as predicted from ANSYS CFX SAS-SST simulation; b): experimental data. 

 
In Figs. 17b) and c) the normalized time-averaged wall temperatures are compared for the left and 
right pipe wall locations of the thermocouples. It can be observed, that the experimental data 
show a slight asymmetry, especially for 2≤z/D≤6, while for obvious symmetry reasons the CFD 
results show almost identical values for both sides of the pipe in the long-term statistical average. 
It can be remarked, that the solution of ANSYS CFX delivers slightly higher temperature values 
in comparison to the ANSYS Fluent solution. Both are in reasonable good agreement with the 
thermocouple data at the left pipe wall, while the experimental temperature data at the right pipe 
wall are slightly lower. But it has to be taken into account and is mentioned in the experimental 
report [1], that it was in particular difficult throughout the different realizations of the experiment 
to maintain constant thermal boundary conditions, which is seen as one of the main reasons for 



the requirement to normalize the measured temperature values and for possible differences to the 
CFD results. 
Finally Fig. 17d) shows the comparison for the top wall location of thermocouples. At these 
locations the largest differences between the experimental data and CFD results on one hand side 
and between the two CFD codes on the other hand side can be observed. ANSYS CFX is 
predicting substantially higher fluid temperatures especially in the close distance to the T-junction, 
while the agreement with data becomes better with increasing pipe length, especially for z/D>6. 
The agreement of the ANSYS Fluent results with data for the top wall temperature sensors seems 
to be better over the entire range of measurement locations in comparison to the ANSYS CFX 
results. The reason for the observable differences are still subject of further investigations and it is 
expected, that the SAS-SST simulation results on mesh 2 with a better near-wall mesh refinement 
will provide an explanation for the discrepancy. A possible reason for the different simulation 
results can be found in the rather coarse near-wall mesh refinement of mesh 1 in combination 
with the different spatial discretisation schemes of the two CFD codes (cell-centered vs. vertex-
centered discretisation), leading to a substantially different location of the wall-nearest mesh node 
in the boundary layer on coarse meshes and thereby to a possible different prediction of the axial 
extent of the recirculation zone directly behind the T-junction at the top of the pipe wall. This 
would substantially influence the fluid mixing at this location, providing a possible explanation 
for the differently predicted near-wall temperatures at the top of the pipe wall. 
If we finally look on the time series of recorded thermocouple measurements in comparison to the 
fluid temperature recorded at the corresponding monitoring point locations, then similar patterns 
can be recognized. Fig. 18a) and b) show the comparison of transient temperature signals for the 
thermocouples T52 and T58 at z/D=4 and ϕ=±45° and Fig. 19a) and b) for the thermocouples 
T53 and T57 at z/d=4 and ϕ=±90°. In both the CFD results and experimental data no regular 
frequency of the temperature fluctuation over time can be identified. As already discussed, the 
CFD result for the top wall of the pipe at z/D=4 (T52) shows too high mean temperature level in 
comparison to experiments, while the amplitude of temperature fluctuations is about ±5°C in both 
cases. For the side walls of the pipe at z/D=4 (T53) the amplitude of temperature fluctuations 
from the CFD simulation seems to be even higher then in the experiment. 

3. Conclusions 

Investigations have shown, that Reynolds averaging based (U)RANS turbulence models like SST 
or BSL RSM are able to satisfactorily predict the turbulent mixing of isothermal fluid in T-
junctions, while the thermal mixing of water streams of different temperature in T-junctions is a 
challenging testcase for CFD methods, and advanced scale-resolving turbulence modeling 
approaches like LES, DES or SAS are required in order to simulate the strongly transient flow 
and temperature fields. The application of Best Practice Guidelines to these type of transient LES-
like simulations and the thoroughly validation of the scale-resolving turbulence models today still 
involves a couple of unresolved questions due to the extremely high computational effort in the 
order of several weeks for a single transient CFD simulation. 
In the present investigation two different testcases have been investigated. The turbulent mixing 
of water streams of equal temperature in a T-junction in the horizontal plane (ETHZ testcase) has 
shown to be satisfactorily predicted with steady-state computation and traditional Reynolds 
averaging based RANS models like SST and BSL RSM. The CFD results have been compared to 
the detailed wire-mesh sensor concentration measurements carried out at ETHZ test facility, by 
importing the WMS data into the CFD post-processor. In order to establish the very good 
comparison to the measurements, the turbulent Schmidt number had to be adjusted to values 
about 0.1-0.2 in order to reflect the strongly accelerated turbulent mixing in the pipe T-junction in 
this case. 



The second investigated testcase was provided by Westin et al. [16] and is aimed to provide 
detailed experimental validation data and thoroughly prepared and monitored testcase boundary 
conditions for the assessment and validation of LES-like turbulence models for the further study 
of thermal striping phenomena occurring in thermal mixing in T-junctions. ANSYS CFX 11.0 
with the scale-resolving SAS-SST approach has been applied to one of the provided testcase 
conditions. The CFD solutions in fact showed the occurrence of the thermal striping phenomena 
in the simulations. Predicted general flow patterns and time averaged mean velocity profiles are 
in good agreement with the experimental observations, also due to the long simulation time the 
averaging time (6.12s, 6120 timesteps) for the SAS simulation was probably still too short in 
order to establish statistically fully reliable time averaged variable fields for velocity and 
temperature. The predicted velocity fluctuation RMS values are in reasonable good agreement 
with data as well, compare reasonably well to measured profile data and show the correct 
reduction in RMS velocity fluctuation amplitude due to turbulent dissipation with increasing pipe 
length downstream of the T-junction. 
Transient thermal striping was observable from the SAS-SST solution. Measured as well as 
predicted thermal striping patterns do not show any recognizable regular pattern in temperature 
fluctuations. While some differences occurred for the predicted wall temperatures at the top wall 
of the pipe, the predicted normalized time-averaged temperature values for the side and bottom 
wall thermocouple locations were in good agreement with the measurements. The onset of 
thermal striping for the side and bottom walls of the main pipe was predicted at about z~4D, 
which is in good coincidence with the observable rise in normalized time-averaged temperature 
from the experiments. 
Application of Best Practice Guidelines to LES-like CFD simulations is still a challenge due to 
the extremely large computation times. Therefore special care has to be applied to the mesh 
generation with respect to LES criteria for resolution of turbulent length scales and with respect to 
the time averaging procedure in order to assure the statistical reliability of the CFD results. 
Further investigations are carried out in order to investigate the influence of mesh resolution on 
statistically averaged flow simulation results. 
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Abstract
A potential cause of thermal fatigue failures in energy cooling systems is identified with cyclic
stresses imposed on a piping system. These are generated due to temperature changes in regions
where cold and hot flows are intensively mixed together. A typical situation for such mixing appears
in turbulent flow through a T-junction, which is investigated here using Large-Eddy Simulations
(LES). In general, LES is very well capable in capturing the mixing phenomena and accompanied
turbulent flow fluctuations in a T-junction. An assessment of the accuracy of LES predictions
is made for the Vreman model through a direct comparison with available experimental results.
The integral and Taylor length scales were used to provide the accuracy assessment and error
quantification in perfomed simulations. It is shown that the mesh resolution with the average cell-
sizes three times smaller than the Taylor microscale length is sufficient to give very similar results
to these obtained on much finer meshes. This may serve as an initial engineering guideline for
construction of computational meshes that allow for an accurate prediction of turbulent mixing.
Additionally, detailed analysis of the temperature measurement data at specified probe locations
is presented along with a quantification of an error introduced by LES modelling.

1 INTRODUCTION

Turbulent mixing in nuclear reactor cooling systems can potentially lead to appearance of the
thermal fatigue phenomena (Chapuliot et al., 2005). This stimulates development and validation
of modelling approaches for turbulent mixing in order to supply detailed information about the
amplitudes and frequencies of the flow temperature fluctuations. Usual strategy applied to thermal
fatigue prediction involves Computational Fluid Dynamics simulations to determine the tempera-
ture fluctuations, which serve as an input for the structural mechanics analyses. Turbulent mixing
of hot and cold fluid streams in a T-junction is a challenging test case for such validation. Accu-
rate flow predictions require considerably high computational effort due to a number of scales that
need to be resolved in order to capture the nonlinear effects of small-scale flow-structures on the
large-scale flow.

In literature, a number of numerical experiments in mixing T-junctions can be found (see (Hu
& Kazimi, 2006) and references therein). Simulations with five different physical situations and two
configurations of T-junctions were presented in (Hu & Kazimi, 2006). This benchmark study of
high cycle temperature fluctuations showed the applicability of LES in prediction of turbulent flow
features in a T-junction. Similar conclusions were drawn in (Coste et al., n.d.), where an influence
of secondary flow on temperature averages and fluctuations is demonstrated. The secondary flow
was imposed by an additional elbow attached to one of the T-junction legs. Simulations with the
standard and dynamic Smagorinsky models were compared in (Merzari & Ninokata, n.d.). An
advantage of the dynamic model over the Smagorinsky method was shown, because the dynamic
procedure better resolves the small-scale turbulence scales as expected due to its less dissipative
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character. The utility of both models application for predictions of the mean flow features was
demonstrated. Detailed validation is still needed to determine the accuracy and range of validity
of applied numerical methods with respect to this subject.

Here, we investigate and assess the accuracy of an LES model applied for modelling of turbulent
mixing in a T-junction. There are two main objectives in this paper. The first one is to determine
accuracy of LES predictions for mixing in a T-junction. The second one is to provide an engineering
guideline for required computational mesh resolution.

In such mock-up, two perpendicular streams of flow with different temperatures are mixed
together. In this paper, we consider recently developed model by Vreman (Vreman, 2004), which
was particularly design for shear dominated flows. We pay special attention to magnitude and
frequency of fluctuations that are particularly of great importance for thermal fatigue predictions.
Comparison with experimental data provides a conclusive opportunity for assessing a suitability
of considered model in prediction of turbulent mixing (Andersson et al., 2006). The experiment
presented in (Andersson et al., 2006) was particularly designed to investigate thermal mixing in a T-
junction with prescribed flow conditions. By performing simulations with different mesh resolution,
we pay special attention to the resolution that need to be used for accurate flow predictions and
mesh independent numerical solutions. We will show that large differences occur in predictions
of turbulence quantities (mean and fluctuations) that are obtained on the basis of the same LES
model but with under-resolved mesh resolution conditions.

The organization of this paper is as follows. In section 2 we introduce the experimental and
computational setup. The main objectives are presented in section 3, which is devoted to verification
of the applicability of applied modelling method and its numerical validation through a direct
comparison with the experiment. In section 4 we provide analysis of the temperature fluctuations.
Concluding remarks are collected in section 5.

2 EXPERIMENTAL AND COMPUTATIONAL SETUP

The experimental setup prepared to provide experimental data used for a validation of the mixing
process is described in details in (Andersson et al., 2006). It consists of two perpendicularly
connected pipes with diameters of 2rh = 0.1m (hot flow: z-direction, vertical) and 2rc = 0.14m
(cold flow: x-direction, horizontal), which form the considered T-junction. In the experiment,
the approximate cold and hot flow rates are 12 and and 6l/s. They give average inlet velocity
values of 0.76− 0.78m/s. Temperature difference between the hot and the cold fluid was set to 15
degrees with Th = 303K and Tc = 288K. Temperature fluctuations near the pipe walls have been
measured with thermocouples, and the velocity profiles in the inlet pipes and downstream of the
T-junction were measured with the Laser Doppler Velocimetry (LDV). The mixing process has also
been studied with the Laser Induced Fluorescence (LIF), in which the mixing of a passive scalar
was measured by means of concentration. Together, these measurements give sufficiently detailed
description of the flow characteristics. For further experimental details we refer to (Andersson
et al., 2006). Additionally, flow measurements three diameters upstream from the center of the
T-junction for both legs allow to set the inflow conditions for the numerical simulations that are
described next.

In our numerical model, we solve the filtered incompressible Navier-Stokes equations, which
have the following form (Fureby et al., 1997; Weller et al., 1998):

∂u
∂t

+∇ · (u⊗ u) +
1
ρ
∇p = −∇ · (B− 2νD), (1)

where u is the filtered velocity with its components (u, v, w) correspondingly in x, y, z direction, p
is the filtered pressure, and ρ is the fluid density. The symmetric deformation tensor D is defined as
D = 1

2(∇u+∇uT ) and the subgrid-scale (SGS) stress tensor is B = u⊗ u−u⊗u. Usually, the SGS
stress tensor B = BD + 2

3kI is parameterized with k = 1
2 tr(B) and BD, which is the deviatoric part

of B modelled using an eddy-viscosity assumption: BD = −2νtDD with respect to the deviatoric
part of the deformation tensor DD. This way, we arrive to a situation, in which k and νt must be
specified in order to mathematically close these equations. In performed simulations, the recently
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developed LES subgrid model by Vreman (Vreman, 2004) was implemented. Comparison of the
application of this model with results obtained with the classical Smagorinsky models can be found
in (Kuczaj et al., n.d.). This eddy-viscosity model is based on the computation of the turbulence
viscosity:

νt =
5
2
C2

s ∆2

√
inv2(αααT ·ααα)
tr(αααT ·ααα)

, (2)

where ααα = ∇u and k = 2
√

2νt|DD|. The second invariant of the velocity gradients product is de-
noted by inv2(αααT ·ααα). This formulation is consistent with Eqs. (5-8) in the original paper (Vreman,
2004). The accuracy of this new subgrid model will be determined in the next section.

The Navier-Stokes equations (1) are solved along with a passive scalar equation in the following
form:

∂T

∂t
+ u · ∇T =

( λ

ρCp
+

νt

Prt

)
∇2T , (3)

where T is the filtered scalar, λ = 0.6 [kg · m/(s3 · K)] is the heat capacity, Cp = 4.18 · 103

[m2/(s2 ·K)] is the specific heat and Prt = 0.85 is the turbulent Prandtl number. The other pa-
rameters used in the simulations are density ρ = 103 [kg/m3] and laminar viscosity ν = 1.005 ·10−6

[m2/s]. The system of equations (1),(3) along with the incompressibility constraint is solved with a
second-order discretization scheme both in space and time. The code is based on standard numer-
ical libraries (Weller et al., 1998), which were developed to solve LES with an additional passive
scalar equation. In detail, a second-order backward-differencing based on the current and two pre-
vious time-step values is used. The preconditioned (bi-)conjugate gradient method is used for the
discretized flow-equations with second-order laplacian, gradient or convection schemes and Gauss’
theorem applied for the spatial derivatives. Pressure is eliminated by solving the Poisson equations
with PISO velocity-pressure coupling algorithm. For keeping stability of numerical solutions, the
simulation time-step is dictated by the CFL condition with a Courant number in the range of
0.7-0.85.

Figure 1: Instantaneous snapshot of the temperature field captured at t = 12s computed on the 2mm mesh.

In the numerical model, the measured velocity profiles as the inflow conditions were used.
Geometrical length of the T-junction is 25 diameters (3.5m) in x-direction, with a center of the
mixing zone three diameters (0.42m) from the cold inflow. In z-direction the hot leg has length
of 3.1 diameters (0.31m) measured from the hot inflow to the center of the mixing zone. The last
measurement location is situated two diameters upstream from the outflow. For the prescribed
flow conditions, the main generation of turbulence is caused by the mixing of the two fluid streams.
This was verified in our test simulations and it was also found in (Westin et al., n.d.). Hence, no
perturbation of the inflow velocity conditions was applied.

We perfomed our simulations with a sequence of fully hexahedreal meshes with an average cell-
size of 8, 6, 4, 3, and 2mm, to which we will refer further in this text. The corresponding numbers
of hexahedral cells are 156.784, 329.508, 949.941, 2.110.810, and 7.286.288 for the finest mesh.
This was required to obtain grid-independent numerical results and to determine the accuracy of
the numerical predictions. As the direct simulations towards walls are impossible due to small scales
that exist in the flow near boundaries, another important aspect is a treatment of the boundary
layer. We applied standard wall functions in the formulation similar to Werner and Wengle. For
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the prescribed flow conditions, the value of y+ ≈ 30 approximately corresponds to 3mm near-wall
distance. This near-wall mesh-size value was used for all simulations, apart from the 2mm mesh,
where 2mm near-wall mesh size was used. We considered incompressible flow conditions with
adiabatic wall treatment, which is a good representation of the flow conditions in the experimental
setup. In the next section, validation of computational results based on the experimental data will
be given.

3 FlOW CHARACTERISTICS ASSESSMENT

Numerical simulations were performed for the physical time of 12s. Results for the first 5s were
neglected due to development of the mixing. This time approximately corresponds to the two-cycle
time period needed for the flow to reach the outlet starting from the inlets. Inspection of the
temperature measurements near the outflow shows that this transition period is sufficiently long.
All time-averages presented in this section are taken for the remaining 7s of the physical time. We
also performed computation for the physical time of 30s for the 4mm mesh (25s of averaging time),
finding no significant difference in the time-averaged results when compared with these averaged
only for 7s. We concluded that 12s of simulation time is sufficiently enough to capture relevant
statistics of the flow. This will be also shown in section 4, where we analyze the temperature
measurements.

The application of the CFL condition implies that for the performed sequence of simulations
the sampling rate is of the order of 0.5-1.0kHz. This is suitable with respect to the developing
turbulence time-scales in the mixing layer. Experimental flow and temperature measurements
were carried out with a sampling rate of 0.2kHz recorded for 600s. The velocity profiles were
normalized with the mean bulk velocity defined as ub = Q/(πr2

c ), where Q = 17.6l/s is the mean
flow rate obtained in the numerical solution, which is slightly smaller than the value obtained in
the experiment. In order to obtain a global impression of the predictions obtained using the LES
Vreman model, a snapshot of the temperature field is presented in Fig. 1. The temperature field
T is rescaled to its nondimensional form: T = (T − Tc)/(Th − Tc). This visual inspection is only
quite crude to roughly observe turbulent structures similar to these presented in the experiment
using the LIF technique. We may qualitatively observe similar flow structuring visualized by the
advection of a passive scalar. Quantitative analysis will be presented momentarily.

We start our comparison of numerical and experimental results with an examination of the
velocity profiles at specified locations. The comparison between application of the Smagorinsky
and Vreman models was presented in (Kuczaj et al., n.d.). Here we turn our attention to mesh-
independent results study for the Vreman model. In order to estimate the accuracy of numerical
results, several simulations with different mesh resolutions have been perfomed. Three of them,
i.e., with 8mm, 4mm and 2mm average cell-size meshes are presented in Fig. 2 and Fig. 3. As can
be observed, the 4mm mesh gives sufficiently accurate results in comparison to the 2mm mesh and
experimental data. The 8mm mesh fails in the prediction of the mean profiles. In this case, the
rms velocity fluctuations predictions are less reliable; although, they are of the similar order as for
the finer meshes. It was found that differences in the results obtained on 4mm, 3mm and 2mm
meshes can be practically neglected. Based on this judgement, it was concluded that the 4mm
mesh provides mesh-independent results. More qualitative assessment will be given later in this
section.

Profiles of the mean and fluctuations of u and w velocity components in z-direction are shown
in Fig. 4-6 . These profiles are more difficult to capture, because they are strongly influenced by the
mixing zone. This is particularly visible in case of fluctuations of the velocity in z-direction that
is shown in Fig. 6(a). Practical estimation of an error for the fluctuations in the pipe center gives
approximate value of 30% for the 8mm mesh that decreases to 15% for the 4mm mesh and reaches
5% for the 2mm mesh. Near to the wall the numerical error is decreased between results, but it is
still substantial for the under-resolved simulations on the 8mm mesh. We should also notice large
fluctuations of values in the presented profiles, which decrease for finer mesh resolutions. There
are two reasons of such behaviour. The first one is the spatial resolution as may be expected. The
second one is connected with temporal resolution that is linked with the spatial resolution through
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Figure 2: Time-averaged mean (a) and rms fluctuations (b) of the velocity component in x-direction. Profiles
in y-direction measured at x = 0.93m (6.6 diameters) downstream from the center of the mixing zone. Results
obtained on 8mm (black), 4mm (green), 2mm (red) meshes and compared with the experimental data (•).
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Figure 3: Time-averaged mean (a) and rms fluctuations (b) of the velocity component in z-direction. Profiles
in y-direction measured at x = 0.93m (6.6 diameters) downstream from the center of the mixing zone. Results
obtained on 8mm (black), 4mm (green), 2mm (red) meshes and compared with the experimental data (•).

application of the CFL stability criterion. This implies that computations are performed with a
larger time-step for meshes with increased cell-sizes. Consequently, the presented time-averages
are computed in the same time period of 7 seconds, but with different frequencies of recording
steps. For example, for the 8mm mesh we obtain 4352 recording points, for the 4mm mesh - 8738,
and for the 2mm mesh - 19482. This implicates that higher frequency events are more accurately
captured on finer meshes. Two distinct approaches can be used for estimation of the numerical
modelling error between various simulations in this case. The first one can be based on a practical
approach, in which reporting time frequency is dictated by an optimal numerical time-stepping used
in simulations. The second one implies either filtering of obtained results with the same frequency
or performing simulations with the same reporting time frequency. Here we used the first aproach
concentrating on numerical solutions that are obtained in practice when we usually minimize the
total time of computations. We performed all simulations with a Courant number in the range of
0.7-0.85. This implies that for the 2mm mesh computations, the time-step is approximately two
times smaller than in case of computations on the 4mm mesh.

Next we turn our attention to a consideration of the required mesh resolution needed to obtain
mesh-independent numerical solutions. We can obtain an insight into this issue by an examination
of the turbulence scales. In order to estimate the turbulence scales, we will look in detail into
turbulence characteristics along the centerline of the pipe at two different measurement locations:
0.36m (2.6 diameters) and 0.93m (6.6 diameters) downstream from the center of the mixing zone.
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Figure 4: Time-averaged mean (a) and rms fluctuations (b) of the velocity component in x-direction at
x = 0.36m (2.6 diameters) downstream from the center of the mixing zone. Results obtained on 8mm
(black), 4mm (green), 2mm (red) meshes and compared with the experimental data (•).
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Figure 5: Time-averaged mean (a) and rms fluctuations (b) of the velocity component in x-direction at
x = 0.93m (6.6 diameters) (bottom) downstream from the center of the mixing zone. Results obtained on
8mm (black), 4mm (green), 2mm (red) meshes and compared with the experimental data (•).

As we may expect, the flow at the first location still resembles the mixing zone fluctuations coming
from the hot and cold fluid-streams, while at the second location turbulence is more developed. In
Fig. 7(a) we present the u velocity spectra measured at the centerline x = 0.36m downstream of
the T-junction. Results obtained for three various resolutions are compared with the experimental
results recorded in the same time-span. By increasing the spatial resolution, the velocity spectra
come closer to the experimental results. The Kolmogorov −5/3 law is shown with a solid line in
Fig. 7(a) and even for the x = 0.36m location, which is very close to the mixing zone, a general
correspondence of results can be observed. The evaluation of the rms velocity fluctuations at the
centerline shows good agreement with the experimental data. On the 8mm mesh the error is
approximately 30% while for the 2mm mesh is lowered below 3% (Fig. 7(b)). The natural question
that can be asked is what are the resolution requirements needed to obtain mesh-independent
numerical results? The general answer to this question is quite difficult, but guiding conclusions
can be drawn by looking into the important turbulence time and length scales. In specific, we will
look into the integral and Taylor turbulence length scales.

The computational procedure for evaluation of the turbulence scales is based on the computation
of the auto-correlation coefficient from the recorded signal in time. We apply linear interpolation
to the recorded velocity to obtain data distribution that is uniform in time, i.e., calculated with

6



−1 −0.5 0 0.5 1
0

0.05

0.1

0.15

0.2

0.25

z/rc(y = −rc/2)

w
r
m

s
/
u

b

(a)
−1 −0.5 0 0.5 1

0

0.05

0.1

0.15

0.2

0.25

z/rc

w
r
m

s
/
u

b

(b)

Figure 6: Time-averaged rms fluctuations of the velocity component in z-direction at x = 0.36m (2.6
diameters) (a) and at x = 0.93m (6.6 diameters) (b) downstream from the center of the mixing zone.
Results obtained on 8mm (black), 4mm (green), 2mm (red) meshes and compared with the experimental
data (•).
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Figure 7: Streamwise velocity spectra (a) obtained on 6mm (blue), 4mm (green), 2mm (red) meshes and
experimental results (black) and rms velocity (b) in x-direction obtained on 8mm (•), 6mm (•), 4mm (•),
2mm (•) meshes compared with experimental results (¤).

the same reporting frequency. In the next step, we compute the auto-correlation function:

R(τ) = 〈a(t)a(t + τ)〉/(〈a2(t)〉1/2〈a2(t + τ)〉1/2), (4)

where a = u(t) − 〈u(t)〉, 〈·〉 denotes time-averaging and τ is the separation time. The integral
time scale can be then computed by integrating the correlation function: τΛ =

∫∞
0 Rdτ . This

procedure needs a special attention since the autocorrelation is usually non-zero for large time
separation τ . The numerical procedure for computing the integral time-scale must be taken up
to explicitly specified time tk:

∫ tk
0 Rdτ . As our goal is to obtain approximate estimation of the

integral time-scale, another method is to apply fitting with an ad-hoc specified one-parameter
function eτ/τΛ to find the value of τΛ. We applied both methods for checking the consistency of two
approaches finding no significant difference. For all considered cases the integral time scales are in
good agreement with the maximal quantitative difference of 5%. Expanding the auto-correlation
coeffcient in Taylor series about the origin we can also estimate the Taylor time-scale τλ (Tennekes
& Lumley, 1972), which characterizes the small-scale turbulence: Rτ ≈ 1−τ2/τ2

λ . Finally, applying
the Taylor hypothesis we can estimate the Taylor microscale length: λ = uτλ and the integral scale:
Λ = uτΛ, where u is the mean value of the streamwise velocity. An example of the auto-correlation
function is presented in Fig. 8(a). As we may notice, the integral length-scales τΛ for the 2mm
mesh (red) and experimental results (black) are very similar. In Fig. 8(b) we present the Taylor
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Figure 8: Auto-correlation function computed for the 2mm mesh (red) and compared with the experimental
results (black) (a). Taylor microscale obtained on 8mm (•), 6mm (•), 4mm (•), 2mm (•) meshes compared
with experimental results (¤) (b).

microscale length for various resolutions and two different locations along the centerline, i.e., 2.6 and
6.6 diameters downstream from the center of the mixing zone. The coarsest resolution introduces
an unacceptable error of the order of 100% for the estimation of λ. By improving the resolution,
we come closer to the experimental results of 10mm for λ with an error of a few percent, which is
close to an uncertainty in the experimental measurements. This analysis shows the importance of
resolving the Taylor microscale in numerical simulations. Using the mesh cell-sizes of the order of
λ/3, we can expect to obtain mesh-indpendent numerical solutions. In this case, further diminishing
of the cell-sizes does not practically improve the LES results (see Fig. 7(b) and Fig. 8(b)). For
average cell-sizes greater than λ/3 accuracy of the results degrades rapidly. This requirement for
the minimal mesh resolution needs to be further verified in the future simulations.

4 ANALYSIS OF THE TEMPERATURE FLUCTUATIONS

In this section we turn our attention to measurements of the temperature. In both physical and
numerical experiments the measurements of the temperature profiles were performed using passive
scalar concentration. This does not influence the flow characteristics as the temperature is not a
thermodynamical variable in this case. The profiles of the mean and rms temperature fluctuations
recorded at x = 0.93m along the z-direction are presented in Fig. 9. At this location we still see
the influence of the mixing zone, which keeps the concentration on a much higher level for positive
z (influence of the hot leg). For mesh resolutions smaller than 4mm, we find a good agreement of
the computational data with the experimental results. In the center of the pipe, an error of the
order of a few percent is measured with a maximal value of 25% at z/rc = 0.5. An average error
for the rms fluctuations does not grow over 10% for the 4 and 2mm meshes. Similar conclusions
can be drawn for profiles at other locations.

Further investigation of the temperature measurements at specified physical locations is pre-
sented in Fig. 10. Here, in case of the physical experiment, the measurements were performed
using thermocouples. The mean temperature at seven different positions along the pipe, 1mm from
the walls, correspond well with the experimental data. In general, despite the largest modelling
uncertainties near to the wall, the mean values are computed with an average error of a few percent
reaching maximum less than 30% at some probe locations. Similar conclusions can be drawn for
the estimation of the rms fluctuations. The values are overestimated with the highest (2mm) mesh
resolution. The numerical results preserve the overestimation of the fluctuations for the probes
where the numerical error is significant.

It is worth to notice that for the sake of making a fair comparison between numerical and ex-
perimental data, we should apply a proper filtering of the results. Usually, the experiments provide
data with a long recording time and much smaller temporal accuracy due to larger response time
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Figure 9: Time-averaged mean (a) and rms fluctuations (b) of the passive scalar concentration. Profiles at
x = 0.93m (6.6 diameters downstream) taken along the z-direction. Results obtained on 8mm (black), 4mm
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Figure 10: Time-averaged mean (a) and rms fluctuations (b) of the temperature recorded for var-
ious probe locations Npr:(x, y, z)[m] - 0:(0.28,−0.005, 0.069), 1:(0.28, 0.069, 0.005), 2:(0.56, 0.069, 0.005),
3:(0.56, 0.052,−0.045), 4:(1.40, 0, 0.069), 5:(1.40, 0.069, 0), 6:(1.40, 0,−0.069). Results obtained on 8mm (•),
6mm (•), 4mm (•), 2mm (•) meshes and compared with the experimental data (¤).

of the thermocouples. In case of numerical experiments this situation is reverted. The simulations
are made for much shorter physical time due to high computational costs, while the reporting
frequency is often dictated by the time-step of simulations, which is very small with comparison
to a typical response time of the thermocouples. As a result, there is a need to check whether the
simulation time is sufficient to capture the main mean flow-properties. When making comparison
with experimental results we should apply filtering of data to compare them in the same frequency
range. We compared the results on the 4mm mesh computed for 12s and 30s finding no significant
difference. This covers the first mentioned issue. Here, we will check how the large frequency events
affect fluctuations. As we already mentioned, the magnitude of fluctuations is overestimated for
the finest 2mm mesh in a larger extent than for the coarser 4mm mesh. A likely reason (mentioned
also in (Hu & Kazimi, 2006)), apart from the modelling error, can be linked with the recording time
frequency. The reporting frequency reaches 1kHz for the 2mm mesh, while the experimental results
are recorded at 0.2kHz (30 and 45Hz thermocouples) frequency. This implies that high frequency
events are much better resolved using numerical simulations. In the experiment (Andersson et al.,
2006), it was concluded that the thermocouples with a response of 30Hz are sufficient for accurate
measurements, as no significant difference was found for data recorded with thermocouples that
have larger frequency. To make comparison of possible error introduced by the probing frequency
in the numerical simulations, we filtered all results obtained on the 2mm and 4mm mesh. We
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compared the rms values obtained without a cutoff with those filtered with a cutoff frequency of
30Hz: δT cfd,30Hz

rms = 100 ∗ (T cfd
rms − T cfd,30Hz

rms )/T cfd
mean [%]. The same procedure was applied to ex-

perimental data. A typical temperature fluctuations recorded for 7s are shown in Fig. 11 with a
corresponding spectrum filtered with a cutoff frequency of 30Hz. As the response of thermocou-
ples was 30Hz, this procedure does not change the experimental results: δT exp,30Hz

rms ≈ 0.2% for all
cases. Computational results are changed in the range of δT cfd,30Hz

rms ≈ 1% with a maximal error
of 5% (see Fig. 12). It was found that for all cases this leads to smaller rms values. However, the
high-frequency events have much smaller amplitude, hence they do not considerably affect the final
results as it was expected. In conclusion, this provides an indication that the main source of error
comes from the modelling error.
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Figure 11: Temperature fluctuations computed on the 2mm mesh at the probe location Npr:(x, y, z)[m] -
0:(0.28,−0.005, 0.069) (a). Amplitude-frequency distribution of the computational and experimental results
with a cutoff frequency 30Hz (b) and recording time 7s.
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Figure 12: Time-averaged rms fluctuations of the temperature computed on the 4mm mesh (•) and 2mm
mesh (•) recorded for various probe locations Npr for the physical time 7s. Experimental results (¤) taken
also for 7s compared with the filtered results with a cutoff at 30Hz: (¦), (◦), (◦), correspondingly.

Finally, we consider the average and maximal error of the temperature measurements (mean
and rms) obtained in the numerical simulations. It is natural to define the error for the mean
temperature for each probe Npr in the following way [%]:

δT err
mean = 100 ∗ |T

cfd
mean − T exp

mean|
T exp

mean
, (5)

and in a similar way for the rms temperature:

δT err
rms = 100 ∗ |T

cfd,30Hz
rms − T exp

rms|
T exp

rms
. (6)
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mean rms
case avg max avg max
4mm 11% 28% 7% 17%
2mm 8% 22% 11% 25%

Table 1: Average and maximal error of the computed temperature at specified probe locations on the 4mm
and 2mm meshes.

This way we can compute the maximal and average mean temperature errors for all probes Npr:

δTmax
mean = max

Npr

{δT err
mean}, (7)

and
δT avg

mean =
1

Npr

∑

Npr

{δT err
mean}, (8)

In a similar way the maximal and the average error for the rms values can be computed: δTmax
rms ,

δT avg
rms. We present these errors in Fig. 13 for a number of considered probes and two computational

resolutions. It is clearly seen that the finer resolution leads to the improvement of the results for
the mean temperatures, but it has a reverse effect on the rms values. In this case the results on the
coarser mesh have smaller error when compared to the experimental results. These results were
summarized in Tab. 1, where the maximal and average mean error values are presented as defined
by Eq. (7) and Eq. (8).
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Figure 13: Mean (a) and rms (b) temperature errors for various probe locations Npr obtained on the 4mm
mesh (•) and 2mm mesh (•).

5 CONCLUDING REMARKS

In this paper, we studied the applicability of Large-Eddy Simulations for thermal fatigue prediction.
The Vreman model was applied for LES modelling of the thermal mixing in a T-junction. Results
obtained with this eddy-viscosity model were compared against experimental data. For the con-
sidered case, we found that in order to obtain mesh-independent numerical solution, the required
mesh resolution must resolve the Taylor microscale length. Based on this engineering judgement,
we can safely conclude that meeting this requirement allows estimating the flow characteristics
with sufficient accuracy for the practical applications. Using our approach, profiles of the velocity
fluctuations can be predicted with an accuracy of 5%, while the corresponding mean temperature
profiles show a maximal error of 10%. This judgement is based on the velocity and temperature
(LIF method for a passive scalar dye) profiles.

11



For thermal fatigue the main objective is to accurately predict fluctuations of the flow variables
near to the wall. Analysis of temperature fluctuations recorded at various spatial probe locations
(thermocouples 1mm from the wall), shows that LES provides overestimations of magnitude of
the fluctuations. We have checked the possibility for an error coming from the distinct reporting
frequencies that exist in the numerical and physical experiments. Performing comparison of filtered
data with a cutoff frequency 30Hz, we found that this procedure does not significantly change the
obtained results. Maximal error introduced this way reaches 5% at some probe locations. The
average and mean errors in the estimation of the temperature at specified probe locations are
reported in Table 1. This judgement is based on the comparison with the experimental data taken
from the thermocouples measurements at specified spatial locations. By performing simulations
on a sequence of mesh resolutions, we conclude that the main source of the error comes from the
modelling.
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ABSTRACT 
 
Validation of the CFD code ANSYS CFX was performed in the frame of the experimental and analytical 
investigations of mixing of coolant flows with different saline concentration fulfilled in 
EDO “GIDROPRESS” at 4-loop test facility modeling reactor WWER-1000 with the scale 1:5.  
Calculations were performed with the 3-D code complex ANSYS CFX. The objective of the analyses was 
the code validation with the purpose of further practical implementation. 
Calculations were performed for the case of experiments with the saline slug in the pump loop seal at the 
RCP start-up. Unsteady 3-D fields of saline concentration were calculated for the circuit of the facility. 
Comparison of experimental and predicted data is presented in the paper. Results of CFD analyses 
demonstrated very good agreement with the experimental data. 
 

1. INTRODUCTION 
RIA accidents with the slugs of deborated coolant flow into the core are considered in the safety analysis of 
WWER type reactors. These slugs are formed most likely in the RCP loop seals after cessation of natural 
circulation. With the resumption of circulation the slug could be delivered to the core thus causing reactivity 
insertion. 
Mixture of the slug with the rest of the coolant mitigates reactivity effects essentially. A special experimental 
program was carried out in EDO “GIDROPRESS” to investigate the mixture process of coolant flows 
containing slug with different boron concentration in the flow path upstream the core. A saline (NaCl) 
solution was used in the reactor model to simulate the slug behavior during the experiments. 
 

2. PROBLEM STATEMENT 
The objective of this work was validation of the code ANSYS CFX in order to justify its further application 
for the safety analysis of the WWER type reactors. In the frame of the TACIS project R2.02/02 pre-test 
calculations of the velocities, pressure and salt concentration fields in EDO GIDROPRESS’ four-loop 
experimental facility scaled 1:5 with regard to WWER-1000 were performed in EDO “GIDROPRESS” using 
the code ANSYS CFX.  
Calculated results of three following experiments simulating two specific areas of regimes with coolant 
convection are presented in this paper: 
- regimes with leading role of inertia forces characterized by Strouhal criterion; experiment with one RCP 
activation 
- regimes with leading role of gravity force characterized by Froude criterion. Two experiments with the 
injection of fluid with different slug densities and coolant flow corresponding to natural circulation 
conditions. In the first experiment the ratio of the slug density to that of the coolant was equal 1,05, in the 
second experiment – 1,00. 
 
3. CALCULATED REGION ELEMENT MESH DEVELOPMENT 
To create a solid model Solid Works CAD software was used. The Solid model is required at elaboration of 
the calculated region element mesh that is shown in Figure 1. 
Because of complex geometry of the flow path, non-structured mesh was used that consists of a few 
structured subregions. Figures 2, 3 and 4 such subregions are shown in different colors. 3-D evaluation 
model of the facility was developed for the CFD simulation of the hydrodynamic processes of boron mixing. 
Two complexes STAR-CD and ANSYS ICEM CFD were used for mesh development. This mesh consisted 
of approximately 5 million control cells. In order to check the developed evaluation model test calculations 
were performed with the code STAR-CD. 
 
 



 
 

Fig.1: Calculated region element mesh 

 
 

Fig.2: Inlet nozzle and support tubes 
 
 
Figure 2 shows the mesh in the longitudinal cross-section of the model. The mesh is given here in more 
detail in the area of the inlet nozzle and in the area of the lower perforation with support tubes. Figure 3 
provides the mesh of the lower part of the model in the area of perforation and in the area of measurement 
sensor location. Figure 4 shows the mesh behind the support tubes in the area of perforated grid and in the 
area of coolant evacuation. SST turbulence model was used in all calculations.  
 
 
 

 
 

Fig.3: Part of model in the area of perforation and 
location of transducers  

 

 
 

Fig.4: Perforated grid and outlet nozzle 

 

4. EXPERIMENTS DESCRIPTION 
 
The base of experimental facility is one-to-five scale metal model of WWER-1000 reactor wherein the geometry of 
the flow section of Novovoronezh NPP reactor, Unit No. 5, beginning from inlet nozzles to the core inlet is 
simulated. 
The core is simulated partially. Instead of FA simulators and protective tube unit in the reactor model there is an 
«assembly». The «assembly» is a bundle consisting of 91 tubes with 14х2 mm in diameter that is assembled with 
the help of three spacing grids by which the pressure loss of the core and the protective tube unit is simulated. Rods 
with conductance measuring sensors are mounted through the model cover into these tubes. 
The concentrations are measured by electronic conductivity meter "Expert-002" with the limiting admissible basic 
error of 2 %, brought to the upper value of the measurement sub-range. 



Centrifugal pumps having the following main performances are used as circulating pumps. Each pump has a 
frequency-controlled drive for the control of volumetric flow. Flow rates in circulation loops are measured with the 
help of electromagnetic flow meters produced by YOKOGAWA Co. with an error of 0,35 % of the current value. 
In addition, for process purposes, the tapering orifice plates measuring flow rate with an error of 1,5 % are placed 
in each loop. 
Initial and boundary conditions are the same for all experiments. The only exceptions are the initial slug volume 
and the flowrate in the Loop №4 at steady flow regime. In the initial state the testing bench is filled with water at 
temperature 20 oC at the atmospheric pressure. The initial concentration of salt in coolant is 0 g/kg. The pumps are 
not in operation at Loops 1, 2 and 3. With the help of frequency-controlled pump drive of the Loop №4 the desired 
curve of the flow in the loop Qt is defined (time to reach steady flow is about 15 seconds)  

( )t25,0
ot e1QQ ⋅−−⋅=            (1) 

where: 
Qо – steady flow rate in the Loop №4; 
t – time, s. 
Coolant circulation in the first three loops is realized by reverse flow. The experiment stops on the basis of the 
symptom of salt concentration equalization in the reactor model and the circulation loops. 
The calculation model for ANSYS CFX Code (Figure 5) comprises the model of reactor vessel with eight nozzles 
and the model of the pressure part of Loop №4. Additional coordinate system in the Figure 5 is located in the 
center of mass of the saline slug. Figure 6 provides sensor location in the cartogram of the channels (fuel 
assemblies) in the core model. 
 

 
 

Fig. 5: Calculation model 

 
 

Fig. 6: Cartogram of sensor location 
 
The boundary conditions on the flow inlet and outlet were set in accordance with the inlet and outlet nozzles of the 
model, respectively. In the first three models the flow inlet and outlet changed their places to model the reverse 
flow in the loops. The reverse flow rate was assumed to be equal to 10 % of the flow in the loop with the operating 
pump. Salt concentration C in the slug in Loop №4 was assumed to be equal to 1 was calculated according to the 
following formula: 

01

0i

CC

CC
C

−

−
=               (2) 

Where: 
Ci – current salt concentration at the location of transducer, g/kg; 
С0 – initial concentration in the loop, g/kg;  
С1 – concentration of the solution injected into the circuit or initial slug concentration. 
 

5. COMPARISON OF CALCULATED RESULTS WITH THE EXPERIMENTAL DATA  

 
Evaluation model was imported into the CFD code ANSYS CFX with the help of complex ANSYS ICEM CFD. 
Unsteady hydrodynamic calculations for each described above experiments were performed with the CFD code 
ANSYS CFX to obtain the fields of salt concentrations in the facility. The time of simulation covered the period 
from the pump start-up to the full slug passage through the core.  



A comparison of the calculation results and experimental data is given in Figures 7 – 9. Figures 7 – 9 provide 
relative concentration of salt in the place of sensor location. Each Figure shows two curves of salt concentration 
variation in time for the calculated and experimental data respectively. Sensor location is shown in red in the 
cartogram. 
 
5.1 Experiment with the saline slug (initially in the loop seal, volume of 0,12 m

3
) mixing in the downcomer at 

RCP start-up  
 
This experiment belongs to regimes for which inertia forces characterized by Strouhal number play the leading 
role. RCP set at Loop №4 is started up and it reaches the nominal flowrate equal to 220 m3/h. Slug volume in Loop 
№4 is 0,120 m3.  
It can be seen in Figure 7 the front of salt concentration reaches the core inlet according to the calculated data a 
little earlier than according to the data obtained in the experiment. The maximum advance of the calculated front in 
different channels can reach up to 1 second. So the passage of the front and the peak of salt concentration in 
different channels is also shifted by about the same value. From the results of the comparison it is impossible to 
single out exceeding or decrease in the maximum value of salt concentration between the calculated and 
experimental data relative to each other. The best agreement of the results is observed in the core centre. The 
maximum value of salt concentration is 0,77. 
It is also seen in Figures 7 that by the end of the studies process at 40 seconds after the experiment has begun, the 
calculational and experimental data on salt concentration in different core channels actually coincide. From the 
above Figure a good coincidence of the calculational and experimental data is observed that is qualitative in the 
place in plan of the model cross-section and that is quantitative in salt concentration. 
By the results of the analysis it is found that coolant with salt solution goes out of the inlet nozzle of Loop №4 into 
the downcomer to the opposite side of reactor model, at this, going downwards. Salt concentration at the core inlet 
first appears at the opposite side of the model to the left and to the right relative to the inlet nozzle of Loop №4 . 
Then it increases directly under the very inlet nozzle of Loop №4. Further on, the front of the increased salt 
concentration moves to the core centre and then it gradually decreases. 
 

5.2 Experiment with the saline slug (initially in the loop seal, volume of 0,072 m
3
) mixing in the downcomer 

at the recover of natural circulation; initial ratio of the slug and the facility coolant densities equals 1,05  

 
This experiment belongs to regimes for which gravity forces characterized by Froude number play the leading role. 
RCP set at Loop №4 is started up and it reaches the nominal flowrate equal to 20 m3/h. Slug volume in Loop №4 is 
0,072 m3. 
It can be seen in Figure 8 that the front of salt concentration reaches the core inlet according to the calculated and 
experimental data actually simultaneously. The maximum value of salt concentration is 0,34. 
According to the calculational data the main part of a higher density coolant out of the slug passes the inlet nozzle 
of Loop №4 and flows down directly under the nozzle itself onto the internal surface of elliptical bottom of reactor 
vessel model creating a steady “puddle”. "The puddle" gradually smears by a slow main flow of coolant. Because 
of slow flow rate through the core model the flows out of the support tube slots mix up weakly. A star of eight rays 
in the outlet section of support tubes can be clearly seen. So it is slightly incorrect for the given case to compare the 
experimental data of salt concentration obtained from the sensors and the calculational values by the singled out 
reference volumes.  
 

5.3 Experiment with the saline slug (initially in the loop seal, volume of 0,072 m
3
) mixing in the downcomer 

at the recover of natural circulation; initial ratio of the slug and the facility coolant densities equals 1,00 
 
This experiment belongs to regimes for which gravity forces characterized by Froude number play the leading role. 
RCP set at Loop №4 is started up and it reaches the nominal flowrate equal to 20 m3/h. Slug volume in Loop №4 is 
0,072 m3. 
It can be seen in Figure 9 that the front of salt concentration reaches the core inlet according to the calculated data 
about 5–10 seconds earlier than according to the data obtained in the experiment. The maximum value of salt 
concentration reaches 0,49. The best coincidence of the results is observed at the core periphery. 
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Fig. 7: Change of concentration at the core inlet 
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Fig. 8: Change of concentration at the core inlet 
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Fig. 9: Change of concentration at the core inlet 
 



The main front of salt concentration passes the core model between 70 and 120 seconds of the experiment. First, 
the increase in salt concentration is observed at the core periphery opposite to left and to the right of the inlet 
nozzle of Loop №4 and directly under it. It occurs between 71 and 76 seconds and agrees well in place, time and 
the values of salt concentrations. Later, between 80 and 87 seconds the maximum values of salt concentration in the 
experiment move to the centre of the core inlet and in the calculational analysis they remain in their places. At this, 
their maximum values coincide. Only after 87 second the maximum calculated values begin moving to the core 
inlet. After 100 s of the experiment have passed, the calculated and experimental data again agree well in place, 
time and the values of salt concentrations. 
 

6. CONCLUSION 

 
CFD analyses of the salt concentration distribution in the test facility modeling reactor VVER-1000 was fulfilled 
with the complex ANSYS CFX. Numerical simulation of mixing process of coolant flows with various salt 
concentrations was performed and parameters of concentration fields in the whole facility were obtained. Results of 
CFD analyses demonstrated very good agreement with the experimental data. 
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Abstract 

 
One of the RIA scenarios considered in the frame of WWER reactors safety analyses is related to boron 
dilution phenomenon which may cause reactivity-insertion accident. Mixture of the coolant with low boron 
concentration with that in the reactor allows for the mitigation of the consequences. A special experimental 
program was carried out in EDO “GIDROPRESS” to investigate the mixture process of coolant flows with 
different boron concentration upstream the core. A saline (NaCl) solution was injected into the reactor model 
during the experiments. 
In the frame of the TACIS project R2.02/02 pre-test calculations of the velocities, pressure and salt 
concentration fields in EDO “GIDROPRESS”  four-loop experimental facility scaled 1:5 with regard to 
WWER-1000 were performed using the code CFX. The objective of this work was validation of the code 
ANSYS CFX in order to justify its further application for the safety analysis of the WWER type reactors. 
Results of CFD analyses demonstrated very good agreement with the experimental data. 
 
 
1. INTRODUCTION  

 
RIA accidents with asymmetric of deborated coolant flow into the core are considered in the safety analysis 
of WWER type reactors. Mixture of the coolant mitigates reactivity effects essentially. A special 
experimental program was carried out in EDO “GIDROPRESS” to investigate the mixture process of coolant 
flows containing slug with different boron concentration in the flow path upstream the core. 
Calculated results of three experiments with various pumps in operation simulating a certain area of regimes 
with forced coolant convection characterized by Reynolds criterion:  
- asymmetric saline injection with continuous operation of 4 pumps;  
- asymmetric saline injection with continuous operation of 3 pumps; 
- asymmetric saline injection with continuous operation of 2 pumps; 
- asymmetric saline injection with continuous operation of 1 pump. 
This set forced convection regimes is guided by hydraulic drag forces characterized by Reynolds number Re. 
 
2. DEVELOPMENT OF THE EVALUATION MODEL  
 
For the development the mesh of the evaluation model a solid model of the facility was used. To create a 
solid model Solid Works CAD software was used. The Solid model is required at elaboration of the 
calculated region element mesh that is shown in Figure 1. 
Because of complex geometry of the flow path, non-structured mesh was used that consists of a few 
structured subregions. Two complexes were used to develop mesh: STAR-CD and ANSYS ICEM CFD. The 
size of mesh was about 4,5 million cells (Figure 1). In order to check the developed evaluation model test 
calculations were performed with the code STAR-CD. 
In order to simulate hydrodynamic processes of saline mixing in the facility the evaluation model was 
developed for ANSYS CFX (Figure 2). The general model (the whole computational domain) includes the 
model of reactor with 8 nozzles and 4 loop models. The reactor coolant pumps are modeled by boundary 
conditions for the flow rate. 
 



 
Fig.1: Calculated region element mesh  

Fig. 2: Calculation model 
 
3. EXPERIMENTS DESCRIPTION 
 
In the initial state the experimental facility is filled with water at temperature 20 oC at the atmospheric 
pressure. The initial concentration of salt in coolant is 0 g/kg. Coolant flowrate in loops depends on number 
PCP in operation: in case of all 4 operating pumps the flowrate equals 20 m3/h per pump, and 172 m3/h in 
other cases. Salt solution is supplied into the expansion tank of Loop №2 for 60 seconds with the flowrate of 
14 m3/h and a concentration of 10 g/kg. 
Coolant viscosity and density are defined for normal condition in the facility circuit and in injection line. Salt 
concentration in the injection is assumed to be equal to 1. Figure 3 provides sensor location in the cartogram 
of the channels in the core model. The results of the steady state calculation at the zero moment of time were 
taken for a transient calculation. Calculated time of the process covered period from the beginning of 
injection to achievement of equilibrium salt concentration in the facility. SST turbulence model was used in 
all calculations. 

 
Fig. 3: Cartogram of sensor location 

 

 

4. COMPARISON OF CALCULATED RESULTS WITH THE EXPERIMENTAL DATA  
 
The base of experimental facility is one-to-five scale metal model of WWER-1000 reactor wherein the 
geometry of the flow section of Novovoronezh NPP reactor, Unit No. 5, beginning from inlet nozzles to the 
core inlet is simulated. 
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Fig. 4: Change of concentration at the core inlet 



The core is simulated partially. Instead of FA simulators and protective tube unit in the reactor model there is 
an «assembly». The «assembly» is a bundle consisting of 91 tubes with 14х2 mm in diameter that is 
assembled with the help of three spacing grids by which the pressure loss of the core and the protective tube 
unit is simulated. Rods with conductance measuring sensors are mounted through the model cover into these 
tubes. 
The concentrations are measured by electronic conductivity meter "Expert-002" with the limiting admissible 
basic error of 2 %, brought to the upper value of the measurement sub-range. 
Centrifugal pumps having the following main performances are used as circulating pumps. Each pump has a 
frequency-controlled drive for the control of volumetric flow. Flow rates in circulation loops are measured 
with the help of electromagnetic flow meters produced by YOKOGAWA Co. with an error of 0,35 % of the 
current value. In addition, for process purposes, the tapering orifice plates measuring flow rate with an error 
of 1,5 % are placed in each loop. 
 
4.1 Experiment with the asymmetric saline injection at continuous operation of 4 pumps 

 

A comparison of the calculation results and experimental data is given in Figure 4. Figure 4 provide relative 
concentration of salt in the place of sensor location. Each Figure shows two curves of salt concentration 
variation in time for the calculated and experimental data respectively. Sensor location is shown in red in the 
cartogram. 
It is shown in the Figure 4 that according to experimental data the front of salt concentration comes up to the 
entrance to core approximately at the 80-th second from the beginning of experiment. Maximum value of salt 
concentration amounts to 0,58. The front of salt concentration passed the core only once during the time of 
simulation due to small coolant flowrate, which is approximately 8,5 times less than the nominal one. Results 
of calculation show that the coolant with saline from the Loop №2 flows down and shifts left in downcomer. 
Comparison with the experimental data shows that the predicted flow shift from the axes of the nozzle of 
Loop №2 is practically the same as in experiment. At the same time the salt concentration from Loop №2 at 
the entrance to the core forms a sector with smeared edges and the angle of about 90o. 
 
Then this sector is displaced a little towards the center of the core in experiment while in calculation it is not 
displaced. At the same time location of maximal concentrations (left to the axis of Loop №2) coincide in 
calculation and in experiment. That’s why one can conclude that the mixing process is described 
quantitatively and qualitatively well in calculations, and the area of interaction of mixing streams is 
somewhat different.  
 
4.2 Experiment with the asymmetric saline injection at continuous operation of 3 pumps  
 
Three circulation pumps are in operation that provide coolant flow rate of 172 m3/h in the loops. The pump is 
Loop №3 does not operate. In Loop №3 the flow inlet and outlet were switched over to model the reverse 
flow. The reverse flow rate was assumed equal to 10 % of the flow in the loops with operating pumps. 
A comparison of the calculation results and experimental data is given in Figure 5. Figure 5 provide relative 
concentration of salt in the place of sensor location. Each Figure shows two curves of salt concentration 
variation in time for the calculated and experimental data respectively. Sensor location is shown in red in the 
cartogram. 
It can be seen in Figures 5 that according to experimental data the front of salt concentration reaches the core 
inlet within the interval from 30 to 50 seconds after the process begins. The maximum value of salt 
concentration does not exceed 0,16. For the period of the calculational analysis the salt concentration front 
has passed the core seven times. According to the calculational data coolant with the salt solution goes 
downwards out of Loop №2 inlet nozzle and moves to the left If we compare the calculational and 
experimental data, it can be seen that the calculated movement of the flow to the left with respect to the inlet 
nozzle coincides. At this, a sector is cut out at the core inlet that belongs to Loop №2 with salt concentration 
and with opening angle of about 120 degrees, smeared on the boundaries. If we make a comparison this 
opening angle in the experiment is slighter larger, and in the absolute value of salt concentration it differs by 
about the value of 0,02. 
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Fig. 5: Change of concentration at the core inlet 

 



Further on, both in the experiment and in the calculation the opening angle of this sector increases to the 
right with respect to the inlet nozzle of Loop №2. But in the calculational analysis the absolute values of salt 
concentration in this place are less than the experimental ones by 0,02. At this, the place of the maximum 
concentrations of salt both in the calculational analysis and experimental study remain in their places to the 
left of the inlet nozzle. So it can be said that the process of flow mixing is described qualitatively correctly 
but with slightly differing absolute values of salt concentration. It is also confirmed by the data of Figure 5, 
where the dynamics is presented of the final stage of the experiment. 
On comparing the obtained data the main discrepancy in the calculation and experiment in time and in the 
values of concentrations can be attributed to a slightly incorrect determination of the coolant distribution 
sector shift with respect to the inlet nozzle of Loop №2 on the right.  
 

4.3 Experiment with the asymmetric saline injection at continuous operation of 2 pumps 

 
Two circulation pumps are in operation in Loops №1 and №2 that provide coolant flow rate of 172 m3/h in 
the loops. The pumps of Loops №3 and №4 do not operate. In Loops №3 and №4 the flow inlet and outlet 
were switched over to model the reverse flow. The reverse flowrate was assumed equal to 10 % of the flow 
in the loops with operating pumps. 
A comparison of the calculation results and experimental data is given in Figure 6. Figure 6 provide relative 
concentration of salt in the place of sensor location. Each Figure shows two curves of salt concentration 
variation in time for the calculated and experimental data respectively. Sensor location is shown in red in the 
cartogram. 
It can be seen in Figure 6 that according to experimental data the front of salt concentration reaches the core 
inlet at about 30 second of the process. The maximum value of salt concentration does not exceed 0,15. For 
the period of the calculational analysis the salt concentration front has passed the core six times. According 
to the calculational data, coolant with the salt solution goes downwards out of Loop №2 inlet nozzle and 
moves to the left. If we compare the calculational and experimental data, it can be seen that the calculated 
movement of the flow to the left with respect to the inlet nozzle coincides. But the sector itself is turned 
about 30 degrees more to the left than in the experiment. At this, at the core inlet a sector is cut out that 
belongs to Loop №2 with salt concentration and the opening angle of about 180 degrees that is smeared over 
the edges which fully coincides with the experiment. 
Further on, both in the experiment and in the calculation as the front passes another time salt concentration is 
increase by the same value in the singled out sector. So, a conclusion can be made that the process of flow 
mixing is described qualitatively and quantitatively correctly but with differing angle of shift for the sector of 
increased salt concentration. It is also corroborated by the data in Figure 6, where the dynamics of the final 
stage of the experiment is presented. 
 

4.4 Experiment with the asymmetric saline injection at continuous operation of 1 pump 

 
One circulation pump is in operation in Loop №2 that provides coolant flow rate of 172 m3/h. The pumps of 
Loops №1, №3 and №4 do not operate. In Loops №1, №3 and №4 the flow inlet and outlet were switched 
over to model the reverse flow. The reverse flowrate was assumed equal to 10 % of the flow in the loops 
with operating pumps. 
A comparison of the calculation results and experimental data is given in Figure 7. Figure 7 provide relative 
concentration of salt in the place of sensor location. Each Figure shows two curves of salt concentration 
variation in time for the calculated and experimental data respectively. Sensor location is shown in red in the 
cartogram. 
It can be seen in Figure 7 that according to experimental data the front of salt concentration reaches the core 
inlet at 35 second after the process has begun. The maximum value of salt concentration does not exceed 
0,14. For the period of the calculational analysis the salt concentration front has passed the core two times. If 
we compare the calculational and experimental data, it is seen that they actually coincide. The only minor 
difference is in the fact that the calculational value of the arrival of the first front of salt concentration at the 
core inlet occurs somewhat earlier than the experimental value. It occurs because in the calculation an 
increase to the nominal value of the flowrate of the injected salt solution takes place instantaneously and in 
the experiment for about 5 seconds. 
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Fig. 6: Change of concentration at the core inlet 
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Fig. 7: Change of concentration at the core inlet 



According to the calculational data, coolant with the salt solution goes downwards out of Loop №2 inlet 
nozzle in the downcomer to the opposite side. Salt concentration in the core inlet first appears at the opposite 
side of the model relative to the inlet nozzle of Loop №2. Then it increases in the core centre and further 
directly under the inlet nozzle itself leaving the intact areas to the left and to the right of the latter. Then by 
50 second of the process salt concentration levels in the entire cross-section at the core inlet. 
At 60 second the front of salt concentration reaches the core inlet for another time and the above scenario of 
its increase in the cross-section is repeated. The second cycle is over at about 90 second of the process . Then 
salt concentration decreases because of termination of injection that took place somewhat earlier, but due to 
the transportation delay it takes place later. 
 

5. CONCLUSION 

 
CFD calculations of the salt concentration distribution at the entrance to the core model of the 4-loop test 
facility modeling reactor VVER-1000 was fulfilled with the complex ANSYS CFX for the experiments with 
asymmetric saline injection into loops. Results of CFD analyses demonstrated very good agreement with the 
experimental data. 
General conclusion with regard to mismatch of experiments and calculations could be the following. 
Calculations depict another value of flow displacement in downcomer and the area of interaction of mixing 
streams from adjacent loops. The reason of this mismatch may be the simplified representation of loops 
without the exact pump model that yields disregarding of realistic velocity profile in loops and namely the 
vortex of coolant downstream pump impeller up to loop nozzles.  
CFD analyses allows for taking into account in-detailed characteristics of operating centrifugal pumps as 
well as propagation of corresponding flow disturbances along the loops with valves and other equipment. 
This will enable to define realistic velocity profile at the location of loop nozzles and upper part of 
downcomer thus reducing mismatch of analyses. This analytical and experiments with specific 
instrumentation will be performed next future. 
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Abstract 
Basing on many years of experience a new extensive high quality database was obtained for stationary 
upward air-water flows in a vertical pipe with an inner diameter of 195.3 mm using the wire-mesh sensor 
technology. During the experiments the sensor was always mounted on the top of the test section while 
the distance between gas injection and measuring plane was varied to up to 18 different L/D by using gas 
injection chambers at different vertical positions. The gas was injected via holes in the pipe wall. In this 
new test series the pressure was kept at 0.25 MPa (absolute) at the location of the active gas injection 
while the temperature was constant at 30°C ±  1K. The experiments were done for 48 combinations of air 
and water superficial velocities varying from 0.04 m/s to 1.6 m/s for water and 0.0025 m/s to 3.2 m/s for 
air. From the raw data time averaged data as: radial gas volume fraction profiles, bubble size 
distributions, radial volume fraction profiles decomposed according to the bubble size and the radial 
profiles of the gas velocity were calculated. All data were checked regarding their consistency. They are 
characterized by a high resolution in space what makes them suitable for the development and validation 
of CFD-grade closure models, e.g. for bubble forces and coalescence and break-up. It is also an ideal base 
to validate CFD approaches for poly-dispersed flow. For this reason it is proposed to use the database as a 
benchmark for modelling poly-dispersed flows. 
 
1. INTRODUCTION 
 
The use of Computational Fluid Dynamics (CFD) codes for simulations of two-phase flow phenomena 
related to Nuclear Reactor Safety research requires the qualification of the basic model concepts as well 
as closure models. The qualification procedure includes model development, test and validation. 
Especially in case of poly-dispersed flows there are still many open questions which have to be answered. 
Thus e.g. the presently available models for bubble coalescence and break-up are weak and can predict 
the evolution of the flow only for a narrow range of flow conditions. Experimental data with high 
resolution in space and time are required for the model improvement. 
 
The aim of the experiments presented in this paper is to provide a high-quality CFD-grade database for 
upwards air/water flows in a vertical pipe with a nominal diameter of 200 mm. This includes different 
flow pattern as bubbly flow, churn turbulent flow and wispy annular flow. Based on the experiences 
gained from previous experimental series, continuous high quality and consistency of the data have been 
basic requirements for these tests. In contrast to previous test series using the so-called variable gas 
injection of the TOPFLOW facility, the measurements were now accomplished in such a way that they 
reflect the evolution of the two-phase flow along the pipe under constant conditions for the gas injection. 
For the experiments with variable gas injection, the measurement plane is located always at the upper end 
of the pipe while gas is injected via orifices in the tube wall in different distances of this measurement 
plane. A disadvantage of the previous experiments, described in detail by Prasser et al. (2007a,b), was 
that the pressure at the individual positions of the gas injection varied due to the hydrostatic pressure, 
because the pressure was almost constant at the measurement plane. 
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CFD simulations for the evolution of poly-disperse bubbly flows have particularly shown that the models 
of bubbly coalescence and fragmentation must be further optimised (Lucas et al. 2007). At relatively 
small void fractions, the pressure effect on the increase in bubble size can have a larger influence on the 
evolution of the bubble size distribution than coalescence and fragmentation. Prasser et al. 2007b discuss 
which essential influence the bubble expansion may have on the bubble size distribution basing on 
experimental and numerical results. 
 
Therefore, in the new series the pressure was kept constant at the respective gas injection. The 
measurement data represent the evolution of the flow along the pipe, as it would be observed for an 
injection at a constant height position with an associated shift of the measurement plane. A further 
disadvantage of the previous measurements was the non-constant water temperature, which varied 
between 20 °C and 37 °C during the measurement series. Unlike the previous series, all measurements 
were now performed at a nearly constant temperature of T = 30 °C. The deviations were smaller than 1 K. 
This is important because the coalescence rate and break-up frequency sensitively depend on the 
temperature caused by the effect of the surface tension. In addition, the number of the measured 
combinations of air and water volume flow rates was clearly increased in comparison to former 
measurements.  
 
Extensive cross-checks of the plausibility of the data against each other were done. This concerns the 
continuous development of time averaged profiles and the bubble size distribution with increasing height 
scale L/D as well as the comparison of the gas volume flow obtained from measurement data with the 
setting data. This enables a global error assessment and shows the dependence of the precision of the 
measurements on the respective flow conditions. The time and cross section averaged gas volume fraction 
values are compared to those obtained from drift models considering profiles effects and effects of 
varying bubble rise velocities with varying bubble sizes. 
 
The experiments, measuring technique, data evaluation procedures, error assessment and experimental 
results are described in detail in an experiment report by Beyer et al. (2008). The database is unique 
regarding their detailed information on important two-phase flow parameter. Since a large number of 
measuring points are in the region of bubbly flow it is especially, but not only, suitable for model 
development and validation for poly-dispersed flows. The clear trends in the evolution of the flow with 
increasing L/D qualifies the data e.g. for the development and validation of models for bubble 
coalescence and break-up. It is proposed to use the database as a benchmark for modelling poly-dispersed 
flows. 
 
2. EXPERIMENTAL SETUP 
 
2.1 TOPFLOW-Test section “Variable Gas Injection” 
 
The measurements were carried out at the Transient twO Phase FLOW  test facility (TOPFLOW) of the 
Institute of Safety Research at the Forschungszentrum Dresden-Rossendorf. The facility is described in 
detail by Beyer et al. 2004 and Prasser et al. (2006). One of the installed test section is the so-called 
variable gas injection (see Fig. 1), which consists of a vertical steel pipe with an inner diameter of 
195.3 mm and a length of about 8 m. It is equipped with six gas injection units which allow to inject air or 
steam via orifices in the pipe wall. They are arranged almost logarithmically over the pipe length since the 
flow structure varies quite fast close to the gas injection mainly caused by the radial redistribution of the 
gas. Bubble coalescence and breakup which considerably determine the evolution of the flow for larger 
distances from the gas injection allow larger distances between the single measuring positions. Each gas 
injection module (Fig. 2) consists of three chambers. This gas injection via wall orifices offers the 
advantage that the two-phase flow can rise smoothly to the measurement plane, without being influenced 
by the feeder within the tube in other height positions. Two of the three chambers (the uppermost and the  
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lowest) have 72 x 1 mm orifices. The middle chamber has 32 x 4 
mm orifices, which is used to vary the initial bubble size 
distribution. For rotation–symmetric gas injection, all orifices per 
chambers are equally distributed over the circumference of the 
pipe. The injection chambers itself were designed to guarantee an 
equal gas feeding by all the orifices. From the measured gas 
volume faction distribution over the pipe cross section for the 
smallest distance (level A for 1mm and level B for 4 mm 
injection) the symmetrical distribution of the gas was confirmed. 
The chambers can be operated separately and are connected with a 
gas injection pipe and the compressed air system (Fig. 1). The 
supply of the liquid phase is done from the bottom of the test 
section by means of an isolating valve and a 90° bend. During the 
experiments, a module for central gas injection has been mounted 
at the lower end of the test section. However, it was not employed 
in this test series. As a result of the large distance to the 
measurement plane, the influence of this component on the 
measured flow properties can be neglected.  
 
The measurement plane was always situated at the upper end of 
the test section (Fig. 1). A wire-mesh sensor with two measuring 
planes was used. Tab. 1 lists the vertical distances between the 
individual gas injections and the first measurement plane of the 
wire-mesh sensor located in direction of flow. 
 
 
Table 1: Denotation and positions of the gas injection chambers 
Injection 
device 

Denota-
tion 

Diameter of the 
inlet orifice [mm] 

Injection 
length 
[mm] 

L/D 
ratio 

1 A 1 mm 221 1.1 
1 B 4 mm 278 1.4 
1 C 1 mm 335 1.7 
2 D 1 mm 494 2.5 
2 E 4 mm 551 2.8 
2 F 1 mm 608 3.1 
3 G 1 mm 1438 7.4 
3 H 4 mm 1495 7.7 
3 I 1 mm 1552 7.9 
4 J 1 mm 2481 12.7 
4 K 4 mm 2538 13.0 
4 L 1 mm 2595 13.3 
5 M 1 mm 4417 22.6 
5 N 4 mm 4474 22.9 
5 O 1 mm 4531 23.2 
6 P 1 mm 7688 39.4 
6 Q 4 mm 7745 39.7 
6 R 1 mm 7802 39.9 

 

 
Fig. 1 Scheme of the vertical test 
section of the TOPFLOW 
facility with variable gas 
injection system (DN 200) 
 

 

 

 

 
Fig. 2. Injection module of the 
variable gas injection 
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2.2 Wire-mesh sensor 
 
Numerous publications were published in the past on the wire-mesh sensor technology (e.g. Prasser et al., 
1998, 2001) and on experiments using the wire-mesh sensor (e.g. Prasser et al. 2002, 2007b, Lucas et al. 
2005, 2007). One measuring plane of the sensor consists of two grids of parallel wires, which span over 
the measurement cross-section. The wires of both planes cross under an angle of 90°, but do not touch. 
Instead there is a vertical distance between the wires at the crossing points. At these points the 
conductivity is measured. According to the different conductivity of air and water the phase present in the 
moment of the measurement at the crossing point can be determined. Many different types of wire-mesh 
sensors including such for an operational pressure up to 7 MPa and temperatures up to 290 °C were built 
and successfully used during the last 15 years. Also recent developments which allow measuring the 
capacity extent the field of applications to non-conducting fluids like oil-nitogen flows. 
 

In the present case, a low temperature 
wire-mesh sensor with two measuring 
planes was employed. Each plane is 
composed of 64 x 64 wires. It consists 
of two printed circuit boards (material 
thickness: 2.5 mm). Both of them are 
equipped with pre-stressed wire 
electrodes being soldered at a 90° 
angle to each other on the upper and 
lower surface. The wires have a lateral 
distance of 3 mm. In order to make 
the mechanical sealing of the sensor 
possible, the wire electrodes with a 
diameter of 0.125 mm were mounted 
in approx. 0.3 mm deeply in-milled 
slots on the printed circuit board. As a 
result of this construction form, the 
distance between the two grid levels 
arises to approx. 2 mm. 
 

The prepared printed circuit boards are installed between two flanges and the intermediate ring (see Fig. 
3). The distance of 40.5 mm between both printed circuit boards, and thus between the measurement 
planes results from the thickness of the intermediate ring, as well as from the pressed silicone seals. In 
order to reduce the weight of the sensor, the intermediate ring is partially made of aluminium. Four plastic 
spacer rings are used in the sensor, in order to limit the contact pressure on the silicone sealing rings and, 
in the case of a repeated assembling, to ensure a reproducible distance of the planes of measurement. 
 
Measurements were done with a frequency of 2500 frames per second, i.e. 2500 pictures of the 
instantaneous gas distribution in the pipe cross section are obtained. The measuring time was 10 s for 
each single measurement, i.e. the result of one measurement is a three-dimensional matrix of 
64*64*25.000 values of the instantaneous local conductivity. By a calibration procedure described below 
a matrix of the instantaneous local volume void fraction with the same dimensions is calculated. 
 
2.3 Boundary conditions and measuring matrix 
 
Special attention was paid to the pressure and temperature boundary conditions during these experiments. 
As stated above the pressure was kept constant at 0.25 MPa (a) at the location of the activated gas 
injection to represent the situation of an evolutional flow by using the different gas injections. Since a 

 

 
Fig. 3  The installed wire-mesh sensor with two measuring 
planes 
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pressure measurement is done only close to the position of the wire-mesh sensor the set pressure at this 
location has to be determined. This was done considering the hydrostatic pressure and the pressure drop 
due to friction. The gas volume fraction which is needed for this calculation was determined from the set 
values of the air and water superficial velocities and the assumption of a constant drift velocity of 0.25 
m/s. The detailed procedure as well as an estimation of errors caused by this method can be found in the 
experiment report by Beyer et al. (2008). 
 
A special operational procedure was used to keep the water temperature constant at 30 °C with a maximal 
deviation of 1 K. Special flow meters were used to minimize the error of the flow rates. Details on the test 
procedure, calibration values and errors of the operational instrumentation can also be found in Beyer et 
al. (2008). 
 
Tab. 2 shows the measuring matrix, i.e. the combinations of air and water superficial velocities measured. 
Two test series were done with constant liquid superficial velocities of 0.405 m/s and 1.017 m/s and 
increasing gas superficial velocities, respectively. In two other series the gas superficial velocities were 
kept constant (0.0096 m/s and 0.219 m/s) and the liquid superficial velocity was varied. The colours in 
this table show the observed flow patterns. They were determined according to the sphere equivalent 
diameter of the largest gas structures observed in the flow (db,max < 50 mm: bubbly flow, 50 mm < db,max < 
500 mm: churn turbulent flow, db,max < 500 mm: annular flow). 
 
 

Table 2: Test matrix: measurements were done for the coloured points. The colours mark the observed 
flow pattern. Yellow: bubbly flow for all L/D, green: transition from bubbly to churn turbulent flow with 

increasing L/D, blue: churn turbulent, red: annular flow for all L/D 

   Superficial gas velocity JG [ m/s ] (at 0.25 MPa (absolute)) 
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0.641 007 018 029 040 051 062 073 084 095 106 117 128 139 150 161 172 183 

0.405 006 017 028 039 050 061 072 083 094 105 116 127 138 149 160 171 182 

0.255 005 016 027 038 049 060 071 082 093 104 115 126 137 148 159 170 181 

0.161 004 015 026 037 048 059 070 081 092 103 114 125 136 147 158 169 180 

0.102 003 014 025 036 047 058 069 080 091 102 113 124 135 146 157 168 179 

0.0641 002 013 024 035 046 057 068 079 090 101 112 123 134 145 156 167 178 
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For investigations on the evolution of the flow along the pipe, all levels (A-R) shown in Tab. 1 and Fig. 1, 
were measured for any points smaller than 149. The maximum possible gas flow rate, which can be 
injected through the injection chambers with a diameter of 1 mm, is limited. For this reason for the points 
149, 151, 160 and 162 both injection chambers with 1 mm orifices were operated parallel. For the 
measurement points 171, 173, 182, 184 only the 4 mm injections were used. 
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3. DATA OBTAINED 
 
From the raw data, i.e. the 64*64*25.000 matrix of voltage signals representing the instantaneous local 
conductivity a matrix with the same dimensions containing the according void fraction values are 
obtained by a calibration procedure. The conductivity of the gas is negligibly small. Two calibration 
methods are applied – the so-called histogram calibration and the use of calibration files. The latter ones 
are obtained by measurements for pure water flow from which the pure water signal level is determined. 
The disadvantage of this method is that the conductivity of the water may slightly change with time by 
different causes. For this reason the histogram calibration is preferred which obtains the pure water signal 
level directly from the measured data. A histogram of the measured voltage values is generated for each 
crossing point of the wire-mesh sensor and each single measurement. Usually two peaks are observed in 
these histograms – one (close to zero) representing the pure gas the other the pure liquid value. The 
disadvantage of this method is that it fails for flows with very high gas leads where only few values for 
pure water are available. In a mixed approach the histogram method is used first. The obtained radial 
profiles for the pure water calibration values are evaluated afterwards. In case they show inconsistencies 
in the pipe centre (where the void fraction is largest) calibration files are used. Once the calibration values 
are determined for each matrix point the void fraction values are calculated assuming a linear dependence 
between voltage values and gas volume fraction. 
 
The 64*64*25.000 matrix of void fraction values now can be used to obtain relevant data by averaging 
procedures. By averaging over the pipe cross section time series of the void fraction are obtained. The 
according averaging procedure considers the smaller measuring volumes in the region of the pipe wall by 
individual weight coefficients for the single meshes. Most important is the time averaging, which e.g. 
leads to time averaged two-dimensional gas volume fraction distributions in the pipe cross section. 
Due to the radial symmetry of the data the statistical error can be further lowered by an azimuthally 
averaging. To do this the cross section is sub-divided into 80 ring-shaped domains with equal radial 
width. The contribution of each mesh is calculated by weight coefficients obtained from a geometrical 
assignment of the fractions of a mesh belonging to these rings. In the results radial gas volume fraction 
profiles are obtained. An example of such profiles is shown in Fig. 4. At small L/D the gas is still 
concentrated close to the wall since it was injected from the wall. Due to bubble forces (especially due to 
lift force which has a negative lift force coefficient for the large bubbles) the profiles changes to a centre 
peak profile with increasing L/D. 
 
 

  Fig. 4 Examples for evolution of the radial gas volume fraction profiles with increasing distance between 
gas injection and measuring plane. JL = 1.017 m/s, JG = 0.0898 m/s, left: injection via 1 mm orifices, 
right: injection via 4 mm orifices, denotation of the injection chambers used and assigned L/D see Tab. 2. 
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As mentioned above a sensor with two measuring planes was used. This allows to cross-correlate the gas 
volume fraction values of the two-planes for all mesh point which are located above each other. From the 
maxima of the cross-correlation functions the typical time shift of the local void fraction fluctuations can 
be determined. Since the distance between the measuring planes is known the local time averaged gas 
velocity can be calculated. The point-to-point two-dimensional gas velocity distributions in the pipe 
cross section are obtained in the results of this procedure. Again an azimuthally averaging is applied to 
obtain the radial profiles of the gas velocity. An example for such radial profiles of the gas velocity is 
given in Fig. 5. In spite of the averaging some single outliers were observed in the radial profiles. They 
were identified manually and replaced by an averaged value obtained from the two neighbouring radial 
rings. The corrections done are documented in the experimental report by Beyer et al. (2008). 
 
 

  Fig. 5 Examples for evolution of the radial gas velocity profiles with increasing distance between gas 
injection and measuring plane. JL = 1.017 m/s, JG = 0.534 m/s, left: injection via 1 mm orifices, right: 
injection via 4 mm orifices, denotation of the injection chambers used and assigned L/D see Tab. 2. 
 
The next step of the data evaluation procedure is the identification of single bubbles. Thereby, a bubble is 
defined as a region of connected gas-containing elements in void fraction matrix which is completely 
surrounded by elements containing the liquid phase. A complex procedure, described by Prasser et al. 
(2001), applies filling and agglomeration algorithms combined with sophisticated stop criteria to avoid 
artificial combinations as well as artificial fragmentation of bubbles. In the result to each element which 
belongs to one bubble, the same identification number is assigned. Different bubbles receive different 
identification numbers. These numbers are stored in the elements of a second array. This array has the 
same dimension as the void fraction array. Combining the information from the void faction and bubble 
number arrays together with the radial profiles of the gas velocity characteristic data of the single 
bubbles as bubble volume, sphere equivalent bubble diameter, maximum circle equivalent bubble 
diameter in the horizontal plane, coordinates of the bubble centre of mass, moments characterizing 
asymmetries and others are obtained. Basing on these data cross section and time averaged bubble size 
distributions  (see Fig. 6) and radial gas volume fraction profiles decomposed according to the 
bubble size are calculated. The bubble size distributions are defined volume fraction related, i.e. they 
present the volume fraction per bubble diameter (equivalent diameter of a sphere with the measured 
bubble volume Vb). 
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  Fig. 6 Examples for evolution of bubble size distributions with increasing distance between gas injection 
and measuring plane. JL = 0.641 m/s, JG = 0.219 m/s, left: injection via 1 mm orifices, right: injection via 
4 mm orifices, denotation of the injection chambers used and assigned L/D see Tab. 2. 
 
 
4. CHECKS OF ACCURACY 
 
4.1 Errors of boundary conditions and wire-mesh sensor measurements 
 
All the standard instrumentation of the TOPFLOW facility as mass flow controllers or pressure transducer 
used are calibrated and have maximum errors in the order of 1%. Calibration protocols as well as the data 
regarding the accuracy for each single instrumentation is given in the experiment report by Beyer et al. 
(2008). 
 
To set a constant pressure at the gas injection (0.25 MPa (a)), the two-phase pressure drop in the test 
section was calculated to define the pressure boundary condition at the position of the pressure 
measurement (see section 2.3). A constant velocity of 0.25 m/s was assumed for the calculation of the 
void fraction which influences the pressure drop. After completion of the experiments a “weighted drift 
velocity” was obtained (see section 4.4) for each single measurement. This information was used to re-
check the calculated set pressure values and to compare the results with the ones obtained for the assumed 
constant drift velocity. For most of the measurements the errors are clearly less than 1%, only in cases 
with high gas volume fractions (measuring matrix points 111-116, 127, 138, 149, 151, 160, 162, 171, 173, 
182, 184, see Tab. 2) some larger errors up to 3.5 % occur. 
 
Errors of the wire-mesh sensor measurements for the gas fraction and bubble size are mainly caused by 
the lateral pitch of the wires which is 3 x 3 mm and the distance of the wire planes which is 2 mm. 
Comparative measurements between the wire-mesh sensor and other research methods supplied 
information on the accuracy of the measurement technique and the evaluation algorithms for the 
experimental determination of these flow parameters. Gamma radiography of an air/water flow for 
varying superficial velocities of both media resulting in a gas volume fraction between 0 and 100 % 
showed that the deviations between wire-mesh sensor and gamma measurement are limited to ± 5 % 
(Prasser 2000). The radiography of a steam/water flow at atmospheric pressure confirmed this statement 
(Manera et al. 2001). It has to be considered that the reference procedure has measurement errors, too. 
Comparative measurements between wire-mesh sensor and an X-ray tomography, which is a more exact 
reference procedure, were also done for air/water flow. As a result of this investigation it was found, that 
the accuracy of the gas volume fraction averaged over the flow cross-section depends on the two-phase 
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flow regime. Differences in the absolute void fraction were determined (Prasser et al. 2005) for a bubbly 
flow in the range of ± 1 % and at slug flow, a systematic underestimation of approx. - 4 %. 
 
Comparative measurements with a high-speed camera are available to estimate the measurement error for 
the determination of the volume equivalent bubble diameter. The investigations were performed in a 
transparent flow channel DN100 where air/water flows with different bubble sizes. Scholz 2000 
demonstrated that only bubbles with a diameter larger 1.6 mm can be recorded due to the limited spatial 
resolution in case of a wire-mesh sensor with a pitch of the wires of 3 x 3 mm. In addition, the 
comparisons between the data of the wire-mesh sensor and the high-speed camera showed that the 
volume equivalent diameter is measured at superficial water velocities of > 0.2 m/s with an accuracy of ± 
20 %. At smaller water velocities, overestimations up to + 50 % were observed. Note that the dispersion 
of the determined bubble sizes under constant flow conditions is significantly larger for the high-speed 
camera measurement than for the wire-mesh sensor. For this reason, it is assumed that the indicated 
deviations between both procedures mainly results from the inaccuracy of the optical method. 
 
The distance between the two measuring planes of the wire-mesh sensor used (40.5 mm) causes a 
discretization error for the gas velocity determined by the cross-correlation measurement of about 4% for 
the largest gas velocity (point 184) but is lower than 1% for all points of the measuring matrix ≤  118. 
 
4.2 Consistency of the data 
 

The radial profiles of 
the gas volume fraction 
and the gas velocity as 
well as the cross-section 
averaged bubble size 
distributions are plotted 
in the experimental 
report by Beyer et al. 
(2008) for all measuring 
points. Figs. 4 – 6 show 
some examples of these 
plots. A clear trend of 
the data with increasing 
L/D can be seen at these 
figures. There are no 
jumps in the evolution 
of the curves. The 
plausibility and the 
evolution with 
increasing L/D were 
checked for all the 
measurements. In the 
result it was found, that 
the data fit very well to 

each other. For all data clear trends are observed and show a logical order. This is especially important for 
the use of the data to develop and validate models for bubble forces and bubble coalescence and 
fragmentation. 
 
A cross-check of the results of the different points of the measuring matrix was also done. Fig. 7 shows as 
an example the measured bubble size distribu-tions for largest L/D in case of the 1 mm injection for 

  

Fig. 7 Bubble size distributions in dependence on the gas superficial 
velocity (values see Tab. 2) and constant liquid superficial velocity JL = 
1.017 m/s, gas injection via 1 mm orifices, L/D = 39.9, (1) bubbly flow, (2) 
churn turbulent flow, (3) transition to wispy annular flow with some large 
structures 
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varying gas superficial velocity and constant liquid superficial velocity. Also for these checks the clear 
and plausible trends of the data can be confirmed. The largest bubble size observed in a measurement was 
used as a criterion to define the flow pattern, which is also shown at Fig 7. 
 
4.3 Reconstructed gas volume flow rates 
 
From the measured radial profiles of the void fraction and the velocity of the gas phase, the superficial 
gas velocity at the sensor can be calculated by integrating the product of both profiles over the pipe 
radius. Dependent on the test section height, the superficial gas velocity at the wire-mesh sensor can be 
obtained from the set values at the location of the active gas injection (i.e. at 0.25 MPa (a), see Tab. 2) by 
considering the Boyle-Mariotte`s law. Fig. 8 shows the comparison of the gas superficial velocities 
obtained from the measurement compared with the values obtained from the set values. In general there is 
a good agreement, but some systematic overestimation of the gas volume flow rate can be observed for 
low gas flow rates, independent on the size of the injection orifices used. It was found, that the relative 
overestimation for cases with small gas volume fractions, i.e. for cases with bubbly flow is at about 20%. 
This is not in conflict with the above mentioned error estimations since they were related to absolute 
errors.  
 

Note that the deviations from 
the set value result from both 
the gas fraction and the velocity 
measurement. The reasons for 
the overestimation are presently 
under investigation. It can be 
assumed, that it is connected 
with the wire-mesh signals 
obtained in the case that the 
interface is between both layers 
of wires, i.e. also the vertical 
distance between the wires may 
play a role. A deceleration of 
the bubbles due to the contact 
with the wires was observed for 
low liquid velocities but should 
not be the reason for the 
deviations shown in Fig. 8 for 
JL = 1.017 m/s. Nevertheless 
this effect is important in case 
of liquid superficial velocities 
below 0.4 m/s (points of the 
measuring matrix 034-038 and 
111-115. For these points larger 
overestimations are observed. 
The results of this check are 
documented in detail in the 
experimental report by Beyer et 
al. (2008). 

 
 
 

 

 

Fig. 8 Comparison of the superficial gas velocity JG calculated 
from experimental data with the set values for maximum L/D  for 
JL = 1.017 m/s with different gas injection orifices 
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4.4 Plausibility of integral void fraction values 
 
The aforementioned comparison of the gas superficial velocities obtained from the measurements with the 
set values always checks the gas volume fraction together with the gas velocity. An inaccuracy also arises 
from the fact, that only one velocity value is used for a given radial position of a bubble, i.e. the 
dependency of the bubble velocity on their size is neglected. In principle, this could be considered during 
the data evaluation, the statistical uncertainty, however, would be too high. For this reason here a mixed 
approach using correlations and measured radial profiles and bubble size distributions is applied to check 
the plausibility of the measured values of the time and cross-section averaged gas volume fraction. 
 
The gas volume fraction can be calculated from the superficial velocities of both phases JL and JG and the 
drift velocity UD according to: 

DLG

G

UJJ

J

++
=ε . (1) 

While JL is the set value JG has to be calculated from the set value at injection using the Boyle-Mariotte 
law due to the lower pressure at the measuring plane. A raw estimation of the void fraction can be done 
assuming a constant value of the drift velocity of 0.235 m/s which is a good representation for bubbles in 
the range of 4 to 10 mm equivalent bubble diameter. Examples for the results are shown in Fig. 9 (green 
curves). The trend of the void fraction with increasing L/D can also be tested by adopting a value for the 
drift velocity obtained from the largest L/D measured. Such curves are also shown in Fig. 9 (red). The 
general trend resulting from the decreasing pressure with increasing L/D is reflected by these curves, but 
clear deviations occur close to the injection. 
 
The drift velocity considering profile effects as well as the size dependent local bubble velocity can be 
calculated according to: 

GJD UJCU +−= )1( 0 , (2) 

with the profile factor C0 and the averaged local drift velocity UGJ: 
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X  stands for the cross section averaged values, j is the local superficial velocity, εi(r) the gas volume 

fraction profile decomposed according to the bubble size class i, uDi the local drift velocity of bubbles of 
class i and R is the pipe radius. The local drift velocity is calculated from a correlation for the terminal 
velocity of a bubble of size db,i and a swarm correction. The according correlations and the complete 
procedure are described by Beyer et al. (2008). It should be considered, that for the calculation measured 
radial profiles are used, but they are normalized by their integral value what limits the influence of the 
measurement on the values obtained for the drift velocity. Combining eqs. (1)-(3) slopes of the gas 
volume fraction in dependency on L/D can be calculated. Examples are shown in Fig. 9, blue curves. 
They reflect the trends of the measured values also in the region close to the injection. Nevertheless there 
is a systematic shift of the curves. This is an indication for a slight overestimation of the measured gas 
volume fraction. The different behaviour of the curves close to the injection results from profile effects. In 
case of low void fraction the profile of the liquid velocity (Fig. 9, left) remains nearly unchanged, i.e. the 
velocity of the gas injected from the wall is low. In case of larger void fractions (Fig. 9, right) the liquid is 
accelerated in the wall region by the injected bubbles and secondary flows occur (see also Fig. 5, right). 
This causes higher gas velocities and thus lower void fraction values in the vicinity of the injection. 
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Fig. 9 Examples for the dependency of the gas volume fraction on the relative test section height L/D. The 
measured values are compared with values resulting from the assumption of a drift velocity equal to 
0.235 m/s, a drift velocity adapted to the measures void fraction value for largest L/D and resulting from 
eqs. (1)-(3). JL = 1.017 m/s, left JG = 0.0368 m/s, right: JG = 0.219 m/s, injection via 1 mm orifices. 

 
5. SUMMARY 
 
A detailed database for air-water flow in a vertical pipe with an inner diameter of 195.3 mm for a wide 
range of flow rates was established. It contains CFD-grade data for the evolution of the flow along the 
pipe including radial profiles of the void fraction and the gas velocity as well as bubble size distributions. 
Also double-differential void fraction data regarding radial position and bubble size are available. 
Extensive checks were done regarding the data quality. It was found, that the consistency of the data to 
each other is excellent, while a slight overestimation of the measured integral void fraction has to be 
considered. Nevertheless the data in their detailedness are unique world-wide and probably have the best 
quality. A detailed documentation of the experiments and the quality checks is given by Beyer et al. 
(2008). It is proposed to establish the database as international benchmark for the simulation of poly-
dispersed bubbly flows. 
 
NOMENCLATURE 
 
C0 [-] Profile factor 
D [m] Pipe diameter 
L [m] Distance between gas injection and measuring plane 
J [m/s] Superficial velocity 
j [m/s] Local volume flow rate 
U [m/s] Velocity 
R [m] Pipe radius 
r [m] Radial coordinate 
ε [-] Gas volume faction 
 
Indizes 
D Drift 
G Gas 
i Bubble class 
L Liquid 
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Abstract  
 
Subcooled boiling phenomena have become important for the design, operation and safety analysis of 
a nuclear power plant. For a better prediction of these subcooled boiling phenomena, an experimental 
study was carried out in the SUBO (Subcooled boiling) test facility. The test section is a vertical 
annulus with a heater rod at the center of a channel. For the measurement of the local bubble 
parameters, double sensor optical fiber probes were applied at six elevations. Six cases of test matrix 
were chosen for the parametric study of the heat flux, mass flux and inlet subcooling. Void fraction, 
interfacial area concentration, Sauter mean diameter and bubble velocity were measured at 12 radial 
locations at each elevation. The local bubble parameters show well three-dimensional characteristics 
and propagation of a void fraction and an interfacial area concentration along the test section in a 
subcooled boiling flow. The characteristics of the SUBO test are that it has a very long test channel 
and can cover a wide range of test conditions compared to previous available data. The present data is 
expected to be valuable for a benchmark validation and model development of the CFD codes or 
existing safety analysis codes.  
 

1.   INTRODUCTION  
Subcooled boiling becomes one of the crucial phenomena for the design, operation and safety analysis 
of a nuclear power plant. However, it has been found that most of the existing best estimate safety 
analysis codes have a weakness in the prediction of subcooled boiling phenomena, especially in a low 
pressure condition. Recently, an issue has been boron deposition on the surface of nuclear fuel rods in 
which a subcooled boiling occurs during the normal operation of a PWR (Pressurized Water Reactor). 
In addition, the safety analysis for the APR1400 (Korean advanced power reactor) showed that 
subcooled boiling phenomena in the reactor downcomer results in a reduction of the reflood flow rate 
for the core cooling during a postulated large break loss of coolant accident (LBLOCA). (Yun, 2006, 
Song, 2007) For a better prediction of these subcooled boiling phenomena, development of advanced 
analysis tools or an improvement of the related models for the existing prediction tools is still required. 
For this, experimental work for the subcooled boiling phenomena is indispensable. 

Zeitoun (1994) conducted a subcooled boiling test in a high heat flux condition, however the test 
section for the boiling heat transfer was short in length. Roy (2002) studied the turbulent structure of a 
two-phase flow behavior in the R-113 loop and validated the ASTRID code.  At Purdue University, 
Situ (2004) measured the radial distribution of the local two-phase flow parameters and utilized the 
data for verifying the model for a distribution parameter and co-variance in a drift flux model. In Seoul 
National University (SNU), Lee (2002) and Kim (2004) performed subcooled boiling experiments and 
analyses with a commercial CFD code (CFX) or a thermal hydraulic system analysis code (RELAP). 
From the literature for the subcooled boiling experiments described above, it can be interpreted that 
the experimental data base for extended test conditions of a subcooled boiling flow are required for an 
advanced analysis of a multi-dimensional two-phase flow. 

In this study, subcooled boiling test was performed in the SUBO (SUbcooled BOiling) test facility to 
extend the data base for a higher mass flux and heat flux condition. From the experiments, the 
characteristics of the local bubble parameters in a subcooled boiling flow were investigated. 
 



2.  EXPERIMENTAL FACILITY 

2.1 Test facility 
In order to investigate the subcooled boiling phenomena by measuring the local bubble parameters, the 
SUBO facility was constructed as shown in Fig. 1 (Yun, 2008). The test facility consists of a test 
section, a preheater, a storage tank, a separator, two pumps and two heat exchangers. Demineralised 
water in the storage tank is injected through the preheater to the test section by a circulating pump, 
where the inlet temperature of the water is controlled by a preheater. The separator is connected to the 
outlet pipe of the test section for a phase separation of a two-phase flow. The separated water and 
steam phases respectively are cooled and condensed by two heat exchangers. The temperature of the 
water in the storage tank is controlled by the heat removal rates of these heat exchangers. The injected 
water mass flow rate of the test facility is controlled by a control valve and the system pressure is 
controlled by an air injection and venting system. 

The test section of the facility is a vertically arranged annulus with an in-direct heater rod at the 
channel center as depicted in Fig. 2. The inner diameter of the test section is 35.5mm and the outer 
diameter of the heater rod is 10.02mm. The heater rod consists of three parts. The first part is an 
unheated section with 222mm length for regulating the water condition at the inlet, the second part is a 
heated section with 3098mm length for the simulation of a boiling, and the third part is an unheated 
section with 800mm length for bubble condensation at the top region. The maximum available mass 
flux and heat flux of the SUBO are 6000 kg/m2s and 934 kW/m2, respectively. The maximum 
operational pressure of the test facility is 500 kPa. 

 

 
Fig. 1 Test loop of the SUBO facility 



 
Fig. 2 Test section of the SUBO facility 

 
In the test loop, several kinds of commercially available instruments are installed for the 
measurements of total mass flow rate, static and differential pressures, and the fluid temperature. In 
addition, a total 6 elevations are chosen for the measurement of the local two-phase flow parameters 
along the test section. At each elevation, a thermocouple is installed to measure the surface 
temperature of a heater rod. At the top and bottom of the test section, two pressure transmitters are 
installed. Moreover, six differential pressure transmitters are installed between the two pressure 
transmitters to obtain the pressure distributions along the axial direction of the test section. The 
instruments including their detailed locations for the test section are shown in Fig.2. Types of installed 
instruments and their uncertainties are summarized in Table 1. The special instrumentation for the 
local bubble parameters is described in the following session. 

2.2 Measurement of the local bubble parameters 
In order to quantify the complicated bubble behavior in a two-phase flow condition, a double sensor 
optical fiber probe has been applied for a measurement of the local void fraction, the bubble velocity, 
the Sauter mean diameter, and the interfacial area concentration. Fig. 3 shows the schematics of the 
double sensor optical fiber probe which was developed in-house. The sensing tip of an optical probe 
can distinguish a phase at a local position by the characteristics of the light penetration and reflection 
between the gas and liquid phases. Outer diameter of the optical fiber is 125 mμ  and the diameter of 
the sensing tip is less than 30 mμ .  



Table 1 Type and uncertainty of the instruments 

Parameter Instrument Location Uncertainty 

Mass flow Coriolis meter Inlet and outlet of test 
section 0.3% of read value 

System pressure SMART-type pressure 
transmitter 

Top and bottom of 
test section 1 kPa 

Differential 
pressure (DP) 

SMART-type  
DP transmitter 

Uniformly spaced 
along test section 5 Pa  

Temperature K-type thermocouple Inlet and outlet of test 
section 2.2K 

Heater power Power meter - 0.35% of read value 

 

Its small diameter can minimize the flow disturbance which can be resulted by the sensor and make it 
possible to detect very small bubbles. For the measurement of the propagation of the local bubble 
parameters, two optical fiber sensors were applied at the six elevations along the test section. Among 
them, five (L/Dh=17.6, 42.5, 66.4, 91.7, 116.2) were installed in the heated region and one 
(L/Dh=141.2) was installed in the unheated condensation region. The radial distribution of the local 
bubble parameters were obtained at 12 locations between the heater rod and the outer pipe at each 
elevation, so that a multi-dimensional bubble behavior could be understood. The uncertainties of a 
local void fraction and a bubble velocity using the local probe methodology are evaluated to be 6.1% 
and 3.01%, respectively, from the air/water benchmark test (Euh et al. 2005). 

3.  EXPERIMENT 
The characteristics of the SUBO facility are that it has a capacity for simulating experimental 
conditions with a wide range of heat and mass fluxes with a longer vertical channel when it is 
compared with other previous test facilities. In the present test, a total of six test matrixes were 
chosen for the parametric study of the heat flux, the mass flux and the degree of inlet 
subcooling on the base case. The test conditions of each test matrix are tabulated in Table 2. Outlet 
pressure was kept at about 155kPa during all of the tests. When compared to the Base case, Q1 and Q2 
cases are used to investigate the effect of a heat flux. Moreover, in order to observe the subcooled 
boiling phenomena according to various conditions, V1 and V2 cases have a higher mass flux rather  
 

 
Fig. 3 Double sensor optical fiber probe (Dimensions in mm) 
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Table 2 Summary of the experimental conditions according to the test matrixes 

Case Heat flux 
(kW/m2) 

Mass flux 
(kg/m2s) 

Inlet 
subcooling (K) 

Inlet  
pressure (kPa) 

Outlet 
pressure (kPa)

Base 470.6 1132.6 19.1 192.9 157.3 
Q1 363.7 1119.6 19.0 192.7 156.7 
Q2 563.0 1126.9 18.3 188.9 155.7 
V1 465.7 2126.5 19.6 196.9 156.9 
V2 567.9 2128.8 19.5 197.6 158.0 
T1 465.5 1103.9 29.6 190.7 155.0 

 
than the base case and the T1 case has a higher inlet subcooling condition for a given base mass flux 
condition. One of the main purposes of the present test matrixes is to achieve a database for a 
validation and benchmarking of developed CFD style codes. To quantify the heat loss to the 
atmosphere for the above test matrixes, a series of heat loss tests was performed in a single phase flow 
condition.  It showed that the maximum heat release rate was estimated to be 2.5 kW for all the cases. 
 

4.  EXPERIMENTAL RESULTS 

4.1Visual observation 
During present experiments, the phenomena in the test section were recorded with a high-speed 
camera. Photographs at three elevations during the Base case experiment are shown in Fig. 4. At the 
elevation around L/Dh=30, a wall voidage region was observed on the heated wall, where the bubble 
from the nucleation sites could not contribute a significant void generation due to its rapid 
condensation in a highly subcooled water. As it moves to the downstream along the heating rod, a net 
vapor generation occurred as depicted in Fig. 4(b). In this region, a large bubble appeared by 
coalescences among the departed bubbles on the heated wall and then they were lifted off the surface. 
After passing the heated section of a heater rod, the number density and interfacial area of the bubbles 
were decreased rapidly due to a bubble condensation. 
 

   
(a) Wall voidage 

(L/Dh=30) 

(b) Net vapor generation 

(L/Dh=79) 

(c) Condensation 

(L/Dh=129) 

Fig. 4 Visual observations along the test section 



4.2 Local bubble parameters  

The radial profile and axial propagation of the local void fraction according to the heat flux, the mass 
flux and the inlet subcooling are shown in figure 5. In the figure, 0* =r  corresponds to the surface of 
a heating rod, whereas 1* =r  is the inner surface of an outer pipe. Measurement positions from 
L/Dh=17.6 to L/Dh=116.2 existed in the heated section, while the position at L/Dh=141.3 was located 
in the condensation region.  

One of the representative characteristics of a subcooled boiling is the existence of two different flow 
regions in a flow channel, which results from a thermal non-equilibrium between two phases. One is a 
bubbly boundary layer region and the other is a subcooled liquid core region. It was already found 
from previous work that the thickness of the bubbly boundary layer at each inlet subcooling, mass flux, 
and wall heat flux condition is highly dependent on the bubble size (Jiji & Clark, 1964), which is 
determined by a balance of the coalescence and condensation rates. In the figure, the thickness of a 
bubbly boundary layer can be found with the distance from the heater surface to the radial position 
where the void fraction is zero. Figure 5 clearly shows that the thickness of the bubbly boundary layer 
increases as it moves upward for a given flow condition, and it increases as the applied heat flux 
increases, whereas it decreases as inlet subcooling or mass flux increases. Naturally, the distribution of 
the local void fraction is closely related with the behaviour of the bubbly boundary layer. As shown in 
the figure, the local void fraction decreases from the surface of the heating rod to the subcooled liquid 
core. In addition, the peak of local void fraction appears adjacent to the surface of heating rod and its 
magnitude tends to increase as the inlet subcooling or mass flux decreases. The void peaking near the 
heating rod is quite different from the wall void peaking phenomena, which are observable in the air-
water experiments. The wall peaking of the local void fraction in the air-water flow is due to a 
migration of the bubbles toward the wall, and thereby the bubble number density profile follows the  
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Fig. 5 Void fraction distribution according to the heat flux, the mass flux and the inlet subcooling 



trend of the local void fraction. However, the void peaking near the heating rod during the subcooled 
boiling are explicitly due to the large number of bubbles which are generated from the boiling sites on 
the surface of the heating rod and coming from the upstream direction. And the highly populated 
bubbles near the heater rod region condense as they move to the subcooled liquid core region by an 
interfacial heat transfer. Present data shows the qualitative trend of this subcooled boiling phenomenon 
well in almost all cases. Comparison between the void fraction in the Base, Q1, and Q2 cases showed 
a dependency of the void propagation behaviour on the heat flux condition. Q1 case with a lower heat 
flux indicated a lower void fraction than the Base case and the bubbly boundary layer could not cover 
the whole flow channel even at the L/Dh=116.2 position. Q2 case with a higher heat flux indicated a 
larger void generation and a thicker bubbly boundary layer than the Base case or Q1 case, where the 
peak void fraction at L/Dh=116.2 was around 0.7. On the other hand, results of V1 and V2 cases 
revealled the effect of an increased mass flux when compared with the Base and Q2 cases, 
respectively. Larger mass flow in the channel reduced the enthalpy rise of the fluid while flowing 
through the heated section, so that the thickness of the bubbly boundary layer was reduced by a 
decreased void generation. T1 case had a larger inlet subcooling and it decreased the amount of vapor 
generation, so that a meaningful void fraction was only detected at L/Dh=91.7 and L/Dh=116.2. 

Figure 6 shows the radial distribution and axial propagation of the interfacial area concentration. As 
shown in the figure 6, the trend of the interfacial area concentration was closely related to the void 
fraction. That is, the radial distribution of the interfacial area concentration exhibits a similar 
behaviour to that of the local void fraction. In addition, their trends for the heat flux, mass flux, and 
degree of inlet subcooling follow those of the local void fraction. However, it should be noted that a 
sharp increase of the interfacial area concentration always existed near the heated wall and its 
maximum value which was observed adjacent to the wall was not in an order of the heated length, 
L/Dh. That means the coalescences around the heating rod occur more vigorously and this caused a 
decrease of the interfacial area concentration at a higher elevation.  
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Fig. 6 Interfacial area concentration distribution according to the heat flux, 
the mass flux and the inlet subcooling 
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Fig. 7 Sauter mean diameter distribution according to the heat flux, the mass flux  
and the inlet subcooling 

Figure 7 shows the distribution of the Sauter mean diameter. The distribution of the Sauter mean 
diameter can be explained by the coalescence and condensation of the bubbles. As shown in Fig. 7, the 
small bubbles coalesce as they move outward from the heater rod wall. Their maximum bubble size 
was found somewhere inside the bubbly boundary layer and the size decreased due to a condensation 
as they migrated towards the subcooled liquid core. The heat flux also affected the Sauter mean 
diameter. Comparison of the Q1 and Q2 cases with Base case shows that the Sauter mean diameter 
increases at all the measuring positions of the test section and the location of the maximum bubble size 
moves outward as the heat flux increases. It is caused by a slightly larger detached diameter and a 
higher coalescence rate by an increased bubble number density. Dependency of the Sauter mean 
diameter on the mass flux can be understood in detail by comparing the V1 case with the Base case. 
The Sauter mean diameter decreases as the mass flux increases for a given heat flux. The V2 and Base 
cases confirm the dependency of the Sauter mean diameter on the heat flux as in the Q1 and Q2 cases. 
The degree of inlet subcooling effect is found from a comparison of the T1 and Base cases. As shown 
in the figure, the bubble size decreases by a increased condensation rate as the degree of inlet 
subcooling increases. 

Figure 8 shows an axial development of the bubble velocity distribution. The peak value of the bubble 
velocity appeared within the central region of the flow channel rather than near the heater rod in which 
high void fraction was found. It can be explained by the buoyancy effect which results from a bubble 
size distribution. That is, a bubble with a larger diameter due to the coalescence interactions in the 
central region could have a larger buoyancy force and be accelerated faster than the small bubbles 
which exist near the wall. As goes downstream, the bubble velocity is not increased significantly due 
to the momentum balance between the interfacial friction and the buoyancy force. When compared to 
the Base, Q1, and Q2 cases in Fig. 8, a high heat flux results in a larger amount of steam generation in 
the test section and an increased bubble velocity. In the V1 and V2 cases with a larger mass flux,  
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Fig. 8 Bubble velocity distribution according to the heat flux, the mass flux and the inlet subcooling 

 
although the void generation rate was reduced more than in the Base or Q2 case due to a higher 
subcooling of the fluid, the bubble velocity was increased by the interaction with the liquid phase. 
 
5.  CONCLUSION  
 
This study focused on an investigation of a subcooled boiling two-phase flow by measuring the local 
bubble parameters. Considering a multi-dimensional behavior in a two-phase flow, the axial and radial 
measurements of the local void fraction, the interfacial area concentration, and the bubble velocity 
were obtained by using the double sensor optical fiber probes. Test matrix of the SUBO experiment 
covers the range of 360 ~560 kW/m2 in heat flux, 1100~ 2130kg/m2s in mass flux, and 19~ 30oC in the 
degree of inlet subcooling. Experimental results show well the characteristics and the propagation of 
void fraction and the interfacial area concentration, which are dependent on the heat flux or mass flux 
conditions. The present data is expected to be suitable for a benchmarking, validation and model 
development for the CFD codes or conventional safety analysis codes. 

In further studies, the distributions of local liquid velocity and temperature will be obtained for the 
same flow conditions by using a specially designed instrumentation spool, which consists of a local 
Pitot tube and a thermocouple. 
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ABSTRACT 
 
To better understand and predict the boiling flow processes, accurate two-fluid numerical models are 

needed. One of the important goals of the NURESIM project is to assess and improve the simulation capability 
of the three-dimensional two-fluid codes for prediction of local boiling flow processes. The boiling flow is 
strongly affected by local mechanisms in the turbulent boundary layer near the heated wall. Since the 
computational grid of the 3D two-fluid models is too coarse to resolve the variable gradients in the near-wall 
region, the use of wall functions is a common approach to model the liquid velocity and temperature profile in 
adjacent to the heated wall. 

The main objective of this work was to develop the wall function model for the boiling boundary layer. The 
wall function model for momentum, based on the surface roughness analogy has been developed and 
implemented in the V1.0.6 version of the NEPTUNE_CFD code. The model has been validated on several 
upward boiling flow experiments, differing in the geometry and working fluid. The simulations with the new 
wall function model show an improved prediction of flow parameters in the boiling boundary layer. 
Furthermore, a generic wall function for the energy equation has been derived but at the present phase it was not 
yet implemented in the NEPTUNE_CFD code. 

 
1. INTRODUCTION 

 
The heat transfer and phase-change mechanisms in the subcooled flow boiling are governed mainly by local 

mechanisms in the boundary layer adjacent to the heated wall (bubble nucleation, bubble growth, sliding and 
detachment of bubbles, bubbles merging on the wall, rewetting after detachement, etc.). 

For computational simulations of realistic bubbly flows, the use of Eulerian two-fluid models is still the 
most appropriate.  Traditionally, two-fluid models employ eddy viscosity closure models (e.g. k-ε) to describe 
Reynolds stress in the liquid phase and rely on the single-phase logarithmic law of the wall as a near-wall 
boundary condition. The grid of the multidimensional two-fluid models is too coarse to resolve the variable 
gradients in the boundary layer therefore the use of wall functions is a common approach to describe the liquid 
velocity and temperature in the near-wall region. In the case of boiling boundary layer with high concentration of 
bubbles generated on the heated wall, the use of single-phase wall law fails to predict the velocity profile in the 
near-wall region. In the literature there are only a few boundary layer models for boiling flow, but these are more 
or less empirical wall functions, obtained by fitting the coefficients in the log-law equation to the experimental 
data (e.g. Roy and Zarate (2002)). Therefore a generic wall function, based on thermo-physical mechanisms of 
nucleate boiling is presented in this work. A wall function model based on the surface roughness analogy is 
proposed for the momentum equation. The increase of shear velocity due to bubble “surface roughness” also 
leads to the increased heat transfer coefficient in the single-phase heat flux component of the heat flux 
partitioning model. Here, only a derivation of an enhanced heat transfer coefficient influenced by enhanced two-
phase wall friction is presented. The new wall function for the momentum equation has been implemented in the 
V1.0.6 version of the NEPTUNE_CFD code.  
 
2. PHYSICAL MODEL IN THE NEPTUNE_CFD CODE 

 
The basic model of NEPTUNE_CFD is the classical six-equation two-fluid model together with k-ε 

transport equations used for modelling of the liquid phase turbulence (Lavieville et al., 2005). In boiling flow the 
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liquid phase is dominant and is treated as a continuous, whereas the vapor bubbles are modeled as a dispersed 
phase. The effect of bubble wakes on the liquid turbulence is taken into account by additional terms in k-ε 
transport equations. The interfacial transfer of momentum is modelled by interfacial forces per unit volume, 
which include drag force, added mass force and the non-drag forces (lift, turbulent dispersion force), which act 
perpendicularly to the flow direction. The interfacial heat and mass transfer due to condensation in the subcooled 
bulk flow was modeled by Ranz-Marshall correlation (Ranz and Marshall, 1952). Detailed description of mass 
and heat transfer models is given in the code theory manual (Lavieville et al., 2005). Here, only wall-to-fluid 
transfer models, relevant for computations of boiling flows are described. The version V.1.0.6 of the 
NEPTUNE_CFD code has been used in this work. 

 
2.1. Wall-to-fluid heat transfer at subcooled boiling 

 
To model wall-to-fluid heat transfer at subcooled flow boiling a two-step approach is used in the 

NEPTUNE_CFD code. The two steps include calculation of the condition for boiling incipience in terms of 
critical wall superheat (see Lavieville et al., 2005) and calculation of heat flux partitioning. To describe wall-to-
fluid heat transfer an approach of Kurul and Podowski (1990) is adopted, which splits the total wall heat flux 
into three components: 

EQCw Φ+Φ+Φ=Φ 1 , (1) 
 

where denotes the single-phase convection heat flux to the liquid, 1CΦ QΦ  denotes quenching heat flux that 

transfers cold liquid from the bulk flow to the wall periodically and EΦ is the heat flux component needed to 
generate vapor bubbles. Heat flux components are calculated as follows: 

( )δTThA wCC −=Φ log1 , (2) 
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The wall surface area per unit volume is split into two parts: an area influenced by nucleating bubbles AQ and a 
“single-phase convection” area AC unaffected by the bubbles. They are related by expression AQ + AC = 1. 
Parameters in equations (2) to (4) are the following: hlog is heat transfer coefficient in thermal boundary layer, τQ 
is the quenching period between the bubble departure and beginning of the growth of a subsequent one, f is 
bubble departure frequency, 1λ is liquid thermal conductivity, al is the liquid thermal diffusivity, dbw is maximum 
bubble diameter at departure, Na is density of active nucleation sites and hlg is latent heat for evaporation.  The 
correlations used to calculate these parameters are described in the code manual (Lavieville et al., 2005) and in 
our previous references (Koncar, 2007b). Bubble departure diameter is calculated by the extended Unal model.  

In Eqs. (2) and (3),  denotes a characteristic liquid temperature in the turbulent boundary layer. In the 
previous version of the NEPTUNE_CFD the liquid temperature in the centre of the near-wall cell was adopted. 
To obtain the grid independent solution, the temperature  is calculated from the analytical profile of the two-

phase temperature wall function at the given non-dimensional distance from the wall . Taking into account 
the self-similarity of non-dimensional temperature profiles at different y+, the temperature  reads: 
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where subscript FC denotes the first near-wall cell and δ given distance from the wall. 
Similar approach is adopted also for characteristic velocity , which appears in Unal correlation (Unal, 

1976) for bubble departure diameter dbw: 
δu

,
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)(

,FCl
FC

u
yu
yu

u ++

++

=
δ

δ  (6) 

 
To define a fixed location in the turbulent boundary layer, a constant value of y+=250 was used in the 

present study. This model has already been included in the CFX code (Wintterle et al., 2005; Koncar et al., 
2007a) and recently also in the NEPTUNE_CFD code (Vyskocil and Macek, 2007). It should be noted that this 
approach is valid only if near-wall cells remain in log region of the boundary layer (30 < y+ ≤ 300). 

 
3. WALL FUNCTIONS FOR BOILING FLOW 

 
Wall functions use empirical laws to overcome the inability of the k–ε model to predict a logarithmic 

velocity profile near a wall. With these laws it is possible to express the mean velocity parallel to the wall and 
turbulence quantities outside the viscous sublayer in terms of the distance to the wall and wall conditions such as 
wall shear stress, pressure gradient and wall heat transfer. In this study only the wall functions used to provide 
near-wall boundary conditions for the momentum and turbulence transport equations are considered. The state-
of-the-art CFD codes rely on the standard single-phase wall functions to model the two-phase boundary layer. At 
subcooled flow boiling, the liquid velocity profile in the boiling boundary layer is significantly disturbed by the 
bubble formation and detachment mechanisms on the heated wall. In our previous work (Končar et al., 2005a, 
Končar et al., 2005b) and in the work of other researchers (Lee et al., 2002; Morel et al., 2005) an over-
prediction of liquid and gas velocity distributions in the boiling boundary region has been reported. The use of 
single-phase log-law was recognized to be one of the main reasons for discrepancy. 

In our previous work (Končar, 2007b), two different wall function models have been implemented (in CFX-
4) and compared: one for non-boiling bubbly flow (Troshko and Hassan, 2001) and the other for boiling flow, 
which treats the bubbles as an artificial surface roughness (Ramstorfer et al., 2005). The approach of Troshko 
and Hassan (2001) depends on void fraction as a key input parameter, but it cannot be easily extended to the case 
of subcooled boiling flow. It was shown that the surface roughness analogy is a good solution to mimic the effect 
of nucleating bubbles on the liquid turbulence in the boundary layer. 

 
3.1. Model of artificial surface roughness due to bubble nucleation 

 
Surface roughness analogy for modelling of boiling boundary layer has been first used by Ramstorfer et al. 

(2005). The main idea of the new wall function is that nucleating bubbles on the wall disturb the boundary layer 
flow in a similar way as the surface roughness. As a basis, a logarithmic law for turbulent flows over rough walls 
is used 

+++ ∆−+= uByu )ln(1
κ

. (7) 

 
where velocity  and distance from the wall  are written in non-dimensional wall 
units scaled by wall friction velocity 

wt uuu /=+
lwl yuy µρ /∆=+

lwwu ρτ /=  (τw is the wall shear stress). Here  is the known velocity 
tangential to the wall and  is the distance from the wall. Coefficients κ and B are standard single-phase 
constants with the values of 0.41 and 5.3, respectively. The last term in Eq. (7) represents the offset of u+ due to 
the wall roughness:  

tu
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where Ckr is a roughness constant, which depends on the type of roughness (Cr=0.5 for sand-grain roughness) 
and  is the roughness Reynolds number: +

rk

l

rl
r

uk
k

µ
ρ τ=+ . (9) 

The quantity represents the physical roughness height of the surface. For  rk +
rk ≤11.3, the wall is considered to 

be smooth, otherwise the wall is treated as rough. Although Ramstorfer and co-workers (2005) have studied the 
flow boiling in a horizontal channel this type of log-law may be applied to all boiling flows where the flow 
motion along the wall is dominant. The model assumes that for boiling on the heated surface the roughness 
height can be represented by a functional dependence on the bubble departure diameter dbw and the contribution 
of nucleate boiling heat flux  to the total heat flux nbΦ wΦ : 
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In this study, bubble departure diameter is calculated according to the extended Unal model (Lavieville et al., 
2005). The ratio of the nucleate boiling component to the total heat flux wnb ΦΦ /  takes into account the 
thickening of the boiling boundary layer with increasing boiling activity. The coefficients η and ζ in Eq. (10) are 
empirical parameters set to the values η =0.5 and ζ =0.174 for the purpose of this study. The proposed “boiling” 
law of the wall is implemented in the NEPTUNE_CFD code in the form of blended linear-logarithmic wall 
function as follows: 

⎟
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κ
. (11) 

 
When implementing the wall function model into the computer code, somewhat different scaling parameters 

need to be defined. For example, Eq. (8) becomes singular if ut approaches zero. That may occur at separation 
points in boundary layer. Therefore in the logarithmic region, an alternative scaling parameter, u*, which is 
defined by the means of turbulent kinetic energy kl can be used instead: 

2/14/1* lkcu µ= , (12) 
 
This parameter doesn’t go to zero with ut, as in turbulent flows kl is never completely zero. The scaled distance 
from the wall is then 

ll yuy µρ /** ∆= . (13) 
 
Based on this definition the wall shear velocity and the wall shear stress wu wτ can be calculated as  
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From shear velocity, near-wall values for momentum equations can be calculated.  The new wall function was 
implemented into the code NEPTUNE_CFD V.1.0.6.  

 
3.2. Influence of two-phase wall friction on the heat transfer in wall boiling model 
 

The wall-to-fluid heat transfer in boiling flows may be influenced by enhanced two-phase wall friction. The 
shear velocity may influence the wall-to-fluid heat transfer in terms of enhanced heat transfer coefficient of the 
convective component  of the wall heat flux. To describe the enhancement of the convective heat flux 
component in the boiling flow, the Colburn analogy between the wall heat transfer and the wall shear velocity 
can be used: 
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where  is the convective heat flux component for boiling flow, whereas phC 2,1Φ phC 1,1Φ is the convective heat 

flux in the single-phase flow. If available, the ratio (  /  ) may be determined from the experimental 
data by relating the measured wall shear velocities for the boiling two-phase flow to those measured in the 
corresponding bubble-free single-phase flow. Otherwise, the ratio (  /  ) can be calculated by relating 
the corresponding wall functions: 
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The two-phase wall function for boiling flow (Eq. 14) is in the denominator of Eq. (24), whereas the expression 
in the numerator represents the single-phase log-law. The Eq. (9) for convective heat flux can be rewritten in 
terms of enhanced convective heat transfer due to the increased two-phase wall shear velocity: 
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 The heat transfer coefficient for single-phase convection hlog is given by: 
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where  is the single-phase shear velocity and  is a non-dimensional liquid temperature in the single-

phase thermal boundary layer. The analytical expression for the single-phase temperature wall function  is 
given in the paper of Morel (2005) and is already used in the NEPTUNE_CFD code. Here, merely a derivation 
of the enhanced convective heat flux is presented, but it has not yet been implemented into the NEPTUNE_CFD 
code.  

phwu 1,
+

phT 1,δ

+
phT 1,δ

 
4. RESULTS 
 

Three sets of experimental data from the literature were used to validate the boiling model of the 
NEPTUNE_CFD code. Arizona State University (ASU) experiments and Korean Atomic Energy Institute 
(KAERI) experiments were both performed in an annular vertical channel, whereas DEBORA experiments 
(performed at CEA) were performed in a vertical pipe. Furthermore, different working fluids have been used in 
different experimental facilities. In ASU experimental facility the refrigerant R-113 is used, DEBORA facility 
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uses R-12, while water at the low pressure (up to 2 bar) is used in KAERI test section. Density ratios and other 
scaling numbers are therefore different. 

 
4.1. Experimental data 

 
The measurement section of the ASU experimental facility (Roy et al., 2002) consists of a vertical annular 

channel with a heated inner tube outer diameter of 15.8 mm and insulated outer tube with inner diameter of 
38.02 mm. The total length of the annulus is 3.66 m and the 2.75 m long upper part of the inner tube is heated by 
the direct current. The 0.91 m long lower part of the annulus is not heated. The local measurements of 
transversal profiles of void fraction, phase velocities, velocity fluctuations and liquid temperature were 
performed at a single axial location 1.99 m downstream from the beginning of the heated section. The 
measurement probes and measurement techniques used in ASU experiments are described in the original paper 
of Roy et al. (2002). 

The second set of experiments in KAERI facility was performed by Lee et al. (2002). The vertical annular 
test channel in KAERI facility is 2.376 m long with a heated inner tube. The 1.67 m long inner tube with outer 
diameter of 19 mm is composed of a heated section with copper electrodes at both ends of the heated section. 
The outer tube consists of two stainless steel tubes of 37.5 mm inner diameter, which are connected below the 
measuring plane by a transparent 50 mm long glass tube. Local measurements of void fraction, phase velocities 
and bubble size over the channel cross-section were performed 1.61 m downstream from the beginning of the 
heated section. The temperature and absolute pressure were measured at the inlet.  

The DEBORA experiments were carried out in vertical pipe test section at CEA (Morel, 2003; Garnier, 
2006). The refrigerant R-12 has been adopted as the working fluid to simulate the Pressurized Water Reactor 
(PWR) conditions under low pressure. The fluid flows upwards inside a vertical pipe having an internal diameter 
equal to 19.2 mm. The whole pipe can be divided axially into three parts: the adiabatic inlet section (1m length), 
the heated section (3.5m length) and the adiabatic outlet section (≈0.5m length). At the end of the heated section, 
the radial profiles of void fraction, gas velocity and bubble diameter have been measured by means of an optical 
probe. ASU, KAERI and DEBORA experimental conditions are presented in Table 1. 

 

Table 1 ASU (Roy, 2002), KAERI (Lee, 2002) and DEBORA  (Morel, 2003; Garnier, 2006) 
experimental conditions 

Exp. 
Facility Exp. No. Working 

fluid 
pm.p.  
(bar) 

qw  
(kW/m2) 

G 
(kg/m2s) 

Tsat 

 (oC) 
Tinlet 

 (oC) 
tp1 R-113 2.69 95 568 80.5 42.7 ASU  

 tp6 R-113 2.69 116 784 80.5 50.2 
Lee 1 Water 1.15 169.76 478.14 103.5 83.9 KAERI 

 Lee 3 Water 1.30 114.78 476.96 107.1 95.6 
DEB1 R-12 26.15 73.89 2064 86.65 68.52 DEBORA 
DEB2 R-12 30.06 58.26 1007.4 94.14 58.39 

 
4.2. Grid refinement analysis on ASU experiment 

The ASU experiment tp6 was selected to evaluate the grid sensitivity of the NEPTUNE_CFD simulations 
with the new velocity wall function. Three different 2D equidistant grids were tested (10x110, 20x220, 30x220), 
where the lower number denotes the number of cells in radial direction and the higher number denotes the 
number of cells in the stream-wise direction. The y+ values of the near-wall points at the measuring location (2.9 
m) lie in the turbulent boundary layer for all grids. Simulations of void fraction, liquid velocity and liquid 
temperature for three different grids are presented in Figure 1. On the coarse grid, NEPTUNE_CFD predicts 
significantly different values of all variables in the near-wall region than for both finer grids. Discrepancy 
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between both finer grids can be considered as negligible, therefore the “medium size” grid 20 by 220 was used 
for further computations.   
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Figure 1: Grid sensitivity – with new wall function model 
4.3. Validation against experiments 

 
In Figures 2 to 6 the effect of boundary layer model is analysed. Experimental cases from Table I were 

simulated. The calculations were performed with the version 1.0.6 of the NEPTUNE_CFD code. The 
calculations differ in wall function models. The “base” calculation uses standard single-phase law of the wall, 
whereas “Wall func” calculation uses modified wall function model as described by Eq. (14). Other models, 
described in section 2 are the same for both calculations. 

Radial void fraction profiles are shown in Figure 2. For the two ASU cases, the “wall func” simulation 
predicts somewhat higher void fraction and broader two-phase region comparing to the base calculation, but the 
agreement with experimental data is very good. In the case of KAERI experiments, the predicted two-phase 
regions are much narrower than experimental ones and the void fraction peak is higher. The turbulent dispersion 
force at KAERI experiments is too low, which results in a too weak diffusion of bubbles towards the centre of 
the channel and their accumulation on the wall. A constant value of turbulent dispersion coefficient CTD= 1 
seems to be too low for water boiling flow at KAERI experiments. The agreement of void fraction profiles is 
acceptable for DEBORA experiments – the void fraction profile is more gradual in the case of modified wall 
function model.  

The calculation of stream-wise gas velocity depends on the model for interfacial drag and interfacial area 
density (e.g. bubble size) whereas the stream-wise liquid velocity profile in the wall boundary layer mainly 
depends on the wall friction, determined by the velocity wall function. Other influencing parameters are non-
drag forces. The liquid and gas stream-wise velocities are compared in Figures 3 and 4. The “base” calculation 
significantly over-predicts measured liquid and gas velocities for both ASU cases. In the case of KAERI 
experiments, “base” liquid velocities are slightly under-predicted, but “base” gas velocities show high over-
prediction. This may be to a large extent attributed to the over-prediction of void fraction.  For DEBORA 
experiments only gas velocities were measured. In general, the calculation with the new wall function model 
improved the correspondence with the measured velocities near the wall. In the case of annular geometry (ASU 
and KAERI facilities), liquid velocity adjacent to the wall is decreased and gets closer to the measured data, 
whereas the over-prediction somewhat away from the wall is still notable. Due to the coupling through the 
interfacial drag a similar trend of decreased velocity near the heated wall may be observed also for the gas phase 
(Figure 4). For the pipe flow (DEBORA), the gas velocity profile shifts from wall-peaked to central-peaked 
which is in accordance with the measured gas velocity profile. 

Turbulent kinetic energy profiles are presented in Figure 5. Measured values are available only for ASU 
experiments. ASU experiments show that turbulent kinetic energy is the highest in the boiling region near the 
inner wall and then rapidly decreases towards centre of the channel. This trend was not adequately reproduced 
by the “base” calculation, where kl profile tends to be more gradual. As may be observed also for other simulated 
cases, the “wall func” calculation produced more turbulent kinetic energy in the near-wall region than the “base” 
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calculation. The liquid temperature profiles are compared in Figure 6. Liquid temperatures were measured for 
both ASU experiments and for the first DEBORA experiment. A good agreement for ASU experiments has been 
achieved for both calculations. The temperature profile for DEB1 case is very close to saturation temperature. 
Also here, a reasonable agreement between both calculations and experiment (± 2 oC) is demonstrated.  
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Figure 2: Void fraction profile 
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Figure 3: Liquid velocity profile 
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Figure 4: Gas velocity profile 
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Figure 5: Turbulent kinetic energy profile 
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Figure 6: Liquid temperature 
 
To check the validity of wall boiling model, the distribution of wall boiling parameters is presented in 

Figure 7. Figure 7a shows the evolution of the calculated heat flux components along the heated channel for the 
ASU tp6 experiment. Although the subcooling is relatively high (~30oC), the applied heat flux is high enough to 
initiate boiling already at the beginning of the heated section. The single-phase convection heat flux decreases 
rapidly, while quenching and evaporation heat fluxes increase. When convective heat flux disappears a partially 
developed boiling changes to fully developed boiling, where the heated surface is completely covered by 
nucleating bubbles. In the fully developed boiling regime the evaporation heat flux continues to increase, while 
the quenching heat flux decreases.  The evolution of bubble departure diameter along the heated wall is shown in 
Figure 7b. The bubble departure diameter increases along the channel due to decreased subcooling and reached 
maximum value of 0.6 mm at the end of the channel. The wall temperature and saturation temperature are shown 
in the same figure. Due to pressure drop in a long narrow annulus the saturation and wall temperature decrease 
of about 4oC over the channel length can be observed. The calculated shear velocity is shown in Figure 7c. It can 
be noted that the shear velocity increases with evolution of boiling flow.  
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Figure 7 Axial evolutions of wall heat flux components (a), wall temperature and bubble 

departure diameter (b), shear velocity (c) 
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5. CONCLUSIONS AND OUTLOOK FOR FUTURE WORK 
 
The capability of the NEPTUNE_CFD V.1.0.6 code to simulate local boiling flow processes has been 

assessed. Boiling flow experiments from Arizona State University (ASU), Korean Atomic Energy Institute 
(KAERI) and from DEBORA facility (CEA, France) were used as an experimental benchmark data sets. 
Experiments differ in geometry, working fluids and boundary conditions. 

The sensitivity analysis to the near-wall modelling of velocity has been performed. The use of wall 
functions is a common approach to overcome the inability of the k–ε model to predict a turbulent velocity profile 
near the wall. It has been shown that the standard single-phase wall function cannot be straightforwardly applied 
for prediction of the velocity profile in the boiling boundary layer, which is characterized by a high 
concentration of bubbles nucleating at the wall. To improve the prediction of phase velocities in the near-wall 
region a two-phase wall law for momentum equation based on the bubble-equivalent surface roughness has been 
proposed and implemented into the NEPTUNE_CFD V1.0.6 code. In general, the simulations with the new wall 
function model show an improved prediction of flow parameters in the boiling boundary layer, but overestimate 
the turbulent kinetic energy in the boiling region (ASU experiments in annulus). The liquid velocity predictions 
were improved adjacent to the heated wall, while the values somewhat away from the wall still over-predict 
experimental data, forming a peaked velocity profile. For the pipe flow (DEBORA), the gas velocity profile 
shifts from wall-peaked to central-peaked which is in accordance with the measured gas velocity profile. 
Presented analyses have shown that the implemented velocity wall function gives better predictions of 
experimental data and contributes to better understanding of wall-to-fluid transfer mechanisms at boiling flow. 
Still, the remaining experimental needs and outlook for further research are the following: 
- Measured values of shear velocity or shear stress in experiments are not known. Experimental data, 

which would enable reliable estimation of wall shear stress at boiling flows are needed. Beside 
velocity and temperature profiles, at least pressure drop over the test section should be measured. 

- The scaling shear velocity depends on turbulent kinetic energy kl. This is good for computational 
purposes, but it may cause over-prediction of kl due to the feed-back effect. A better approach would 
be to calculate shear velocity independently from kl. 

- A peaked shape of liquid velocity profile in the near-wall region has been observed when the new wall 
function model was used. This peak may be affected either by the lift force or by the modelling of the 
dissipation rate (ε) production term of k-ε equations. Sensitivity analyses of the lift force have shown that the 
effect of the lift force is negligible. For future research different modelling approaches of ε production term 
should be analysed to estimate its effect on liquid velocity and turbulent kinetic energy profiles.  

- In this study, a formulation of enhanced convective heat flux has been proposed, which takes into account the 
enhancement of the convective heat transfer due to the increased two-phase wall friction, but it has not yet 
been incorporated into the CFD code. Near-future work envisages incorporation of this model into the 
NEPTUNE_CFD code. 
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Abstract  

 

The interfacial area transport equation for a subcooled boiling flow is developed with a mechanistic 

model for the wall boiling source term. It includes the bubble lift-off diameter model and the lift-off 

frequency reduction factor model. Those models take into account a bubble’s sliding on the heated 

wall after a departure from the nucleate site and the coalescences of sliding bubbles. To implement the 

model, the two-phase flow CFD code was developed, which is named as EAGLE (Elaborated Analysis 

of Gas-Liquid Evolution). The developed model and EAGLE code are validated by the experimental 

data of SUBO (Subcooled Boiling) facility. The computational analysis reveals that the interfacial area 

transport equation with the bubble lift-off diameter model agrees well with the experimental results. It 

presents that the source term for the wall nucleation enhanced the prediction capability for a multi-

dimensional behavior of void fraction or interfacial area concentration.  

 

1.   INTRODUCTION  

Two-phase flow phenomena with a boiling or condensation are known to be crucial for the nuclear 

reactor safety. Especially, subcooled boiling phenomenon has become one of the important issues in a 

design, operation and safety analysis of nuclear power plant. For an example of the phenomena, it can 

be observed in the downcomer boiling during a Large-Break Loss-of-Coolant Accident (LBLOCA) 

reflood phase (Song et al., 2007). For the analysis of a subcooled boiling two-phase flow, the two-fluid 

model is considered as a state-of-the-art model which deals with the mass, momentum and energy of 

each phase separately. As given in the formulation of the two-fluid model, the interfacial area 

concentration (IAC), which is defined as the area of an interface per unit mixture volume, is one of the 

most significant parameters governing the behavior of each phase. In conventional approaches as 

implemented in the nuclear system analysis codes, IAC models have been developed for a fully 

developed flow based on a flow regime map. However, due to the static characteristics of those 

models, it has been reported that they have revealed a weakness in predicting a gradual transition of 

interfacial structure and induced artificial discontinuities or instabilities during the estimation of 

interfacial interaction terms (Kelly, 1997). 

In order to resolve the problems of the conventional models for IAC, an interfacial area transport 

equation (IATE) has been developed for an adiabatic bubbly flow or nucleate boiling flow. From the 

view-point of the boiling source terms, Kocamustafaogullari and Ishii (1983) suggested a basic 

formulation of the source term in a bubble number density transport equation, which is composed of 

the bubble departure diameter, the departure frequency, and the nucleate site density. Recently, Yao 

and Morel (2004) selected some models from the literature for those three parameters and applied 

them to the analysis of a boiling flow with a one-group interfacial area transport equation. On the other 

hand, Yeoh and Tu (2005) pointed out a complex mechanism of a bubble on the heated wall, which 

includes a sliding on the wall after a departure and a lift-off toward the bulk fluid. Situ et al. (2005) set 

up a force balance on the bubble, so that the bubble lift-off diameter model was developed without 

considering the bubble departure mechanism. Hence, in order to perform a more realistic two-phase 

flow analysis for the subcooled boiling, it is required to develop a mechanistic model for the bubble 

lift-off diameter and implement the model into the source term of the interfacial area transport 

equation. 

For the investigation of the subcooled boiling flow with a dynamic modeling of the interfacial 

structure, this study aims at the development of an interfacial area transport equation with a 



mechanistic model for the bubble lift-off mechanism. To implement the model, a computational fluid 

dynamics (CFD) code for the two-phase flow analysis is developed, which adopts the two-fluid model 

and various constitutive models. The developed model and EAGLE code are validated with SUBO 

(Subcooled Boiling) experiment data for a vertical annulus channel, which was conducted with 

measuring the local parameters of two-phase flow.  

 

 

2.  MODELING OF INTERFACIAL AREA TRANSPORT EQUATION 

2.1. One-group interfacial area transport equation 

For a multi-dimensional calculation of the IAC (interfacial area concentration), Yao and Morel (2004) 

derived an interfacial area transport equation available for a boiling flow as follows. 

( ) 2

3

gi i
i g ig co bk ph

g

da a
aV

t dt

ρ
α φ φ φ

αρ
 ∂ + ∇ ⋅ = Γ − + + + ∂  

       (1) 

where coφ , bkφ , and phφ  mean the variance of IAC by a coalescence, breakup and nucleation, 

respectively. The first term on the right-hand side of Eq. (1) is the term of a bubble size variance due 

to a condensation heat transfer or a pressure drop. 

Noting that the subcooled boiling flow in this study is a bubbly flow, the coalescence by a random 

collision (RC) and the breakup by a turbulent impact (TI) are considered for the second and the third 

term on the right-hand side of Eq. (1), respectively. Yao and Morel (2004) modeled those terms as 

follows. 
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where ψ  is a bubble shape factor, 1/36π for a spherical bubble, and η  and n are the interaction 

efficiency of neighboring bubbles and the bubble number density, respectively. We is a Weber number 

and ε is the dissipation, which can be obtained from the k-ε model. ( )g α  is a modification factor 

defined as ( )1/3max1 /α α− , and the coefficients in the equations are 1cK =2.86, 2cK =1.922, 3cK =1.017, 

cWe =1.24, maxα =0.52, 1bK =1.6, 2bK =0.42.  

The last term on the right-hand side in Eq. (1) denotes an increase of IAC by a bubble nucleation at the 

heated wall, that is, the boiling source term in the interfacial area transport equation. It is composed of 

a product of the active nucleate site density (N”), the bubble departure diameter (Dd) and the bubble 

departure frequency (f), as presented in Eq. (4).  
"
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Vol

H
ph d

N f A
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, where HA  is the area of heated surface and Vol is the volume of a control volume. 

In previous studies, the boiling source term of interfacial area transport equation had been modeled 

according to a bubble departure mechanism as shown in Eq. (4). That is, it estimates the evaporation 

induced by the departure of a bubble at the heated wall. In that modeling, the bubble generated at a 

nucleate site is assumed to depart from the wall with the bubble departure frequency. However, it was 



observed that the actual behavior of the bubbles at the wall was more complex than the departure 

mechanism. The bubble departing from a nucleate site slides along the wall without directly moving to 

the bulk liquid as depicted in Fig. 1. During the sliding, the bubble size can be varied by the 

superheated liquid layer on the wall, so that the bubble diameter at the lift-off is different with the 

bubble departure diameter. Moreover, when a sliding bubble encounters another departing bubble at a 

nucleation site, a coalescence between two bubbles occurs and the bubble size is enlarged. Therefore, 

in this study, a modified form of the boiling source term is discussed in the following sections by 

considering the lift-off diameter and the reduction factor for the lift-off frequency. 

 

  
Fig. 1 Mechanism of sliding and 

 lift-off of the bubble 

Fig.2 Force balance on a bubble at the wall 

(Yeoh, 2005) 

 

2.2. Modeling of bubble lift-off diameter 

To determine the bubble size at a lift-off from the heated wall, a force balance on a sliding bubble 

along the wall should be considered. Yeoh and Tu (2005) investigated the force balance on a bubble 

from the studies of Klausner et al. (1993) and Zeng et al. (1993), which is presented in Fig. 2. At the 

moment of a bubble lift-off, the force balance on the bubble in the x-direction is violated and the 

contact diameter at the wall becomes zero. Therefore, the force balance on the lifting bubble of radius 

r is given as follows. 
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     (5) 

where the first term on the left-hand side is an unsteady drag force and the second term is a shear lift 

force. iθ  is the bubble inclination angle and ru  is the relative velocity between the bubble and liquid. 

slC , the shear lift force coefficient, has been modeled by Klausner et al. (1993). The coefficient sC  is 

given as 20/3 according to Zeng’s study (1993), then Eq. (5) is reduced to Eq. (6). 
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To resolve Eq. (6), the function for a bubble growth with respect to time is required. Zuber (1961) 

derived it by considering a thermal diffusion in the superheated liquid.  
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ρ
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=         (7) 

where η  is a thermal diffusivity of liquid. Regarding that the bubble departure occurs at t=0, the 

bubble growth function can be derived with integrating Eq. (7) from t=0, as follows. 



2
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where dr  is the bubble radius at the departure from the wall and Ja is the Jacob number.  

In the other hand, the bubble radius at the moment of a lift-off, lor , can be related with the lift-off 

time, lot , as lo d lor r A t= + . Then substituting Eq. (8) into Eq. (6), a relation for the lift-off time is 

found as, 
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Then Eq. (9) can be formulated with respect to the bubble growth ratio, *r  . 
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Hence, the explicit formulation for the bubble lift-off diameter (Dlo) is derived as, 
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where Unal’s model (1976) is adopted for the departure diameter (Dd). 

 

2.3. Modeling of lift-off frequency reduction factor 

During the sliding of a departed bubble, coalescences can occur with another bubble at a nucleate site. 

It reduces the number of actual bubble lift-offs from the wall, with respect to the nucleate site density 

for the bubble departure, so that it affects a nucleation source term in the interfacial area transport 

equation. Therefore lift-off frequency reduction factors are considered for the boiling source term in 

the interfacial area transport equation as follows. 

2 " H
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Vol
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where aR  is a reduction factor for the interfacial area concentration.  

In order to model the lift-off frequency reduction factors, a sliding length and a spacing of the nucleate 

site should be considered. The sliding length, 0l , is a distance from the departure to the lift-off of a 

bubble on the wall, assuming that the departed bubble does not encounter any coalescence during the 

sliding. The spacing, s , is an average distance between two neighboring nucleate sites. When the 

spacing is shorter than the bubble departure diameter, dD , the bubble at a nucleation site cannot grow 

until the size reaches the bubble departure diameter and it lifts off the wall with the diameter of s  

without a sliding. Hence, the reduction factors are determined as follows. 

( )2/a loR s D=  for ds D<        (13) 

When 0l  is shorter than the spacing, there is no coalescence among the departed bubbles on the wall 

and all bubbles lift off the wall with a diameter of loD  as defined in Eq. (11). It suggests that the 

reduction factors become unity, that is, 

1aR =   for 0l s<         (14) 

When the spacing is longer than the departure diameter ( dD ) and shorter than 0l , the bubble generated 

at a nucleation site can begin sliding and form coalescences with other bubbles during the sliding. In 

this region, the lift-off frequency reduction factor is assumed to be a linear function between the no-

sliding region (Eq. (13)) and no-coalescence region (Eq. (14)), so those are estimated as follows. 
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3.  CODE STRUCTURE 

3.1 Governing equations 

To implement the interfacial area transport equation discussed in Section 2, the computational fluid 

dynamics (CFD) code, EAGLE (Elaborated Analysis of Gas-Liquid Evolution), is developed in this 

study. The code aims at the multi-dimensional analysis of subcooled boiling two-phase flow, by 

utilizing the dynamic approach of the interfacial area transport equation.  

EAGLE code adopts the two-fluid model, which is beneficial to treat the behavior of each phase 

separately and to consider a phase interaction term properly. As derived in the two-fluid model by 

Ishii (1984), the mass balance equation for a phase is given as, 

( ) ( )k k

k k k k
t

α ρ
α ρ

∂
+ ∇ ⋅ = Γ
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where kΓ  is the rate of a phase change for the k phase.  

The momentum equations are given as follows. 
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where kτ  and T
kτ  are the molecular stress tensor and the turbulent stress tensor, respectively. ikF  

denotes the term of an interfacial momentum transfer including the interfacial drag force, the wall 

lubrication force, the lift force, the turbulent dispersion force and the virtual mass force (Ishii and 

Hibiki, 2006). The details of each force was omitted in this paper due to the limitation of pages and the 

sensitivity test on each force in EAGLE code has been performed in the authors’ previous paper. (Bae, 

2008) 

Energy equations are expressed as a form of the enthalpy ( )kH  transport of each phase. 
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where kq  is a diffusive flux by a conduction and the superscript ‘T’ means the enhanced flux by a 

turbulence. 
"
kiq  is the interfacial heat flux between two phases, defined as ( )i s kh T T− , and ia  is the 

interfacial area concentration. kΦ  is an external source term for a phase.  

A semi-implicit method is usually used for transient problems of the fluid dynamics, where an implicit 

method struggles with a convergence of the solution. Two-phase flow phenomena have transient 

characteristics in most cases, so that the semi-implicit method can be applied effectively. Among the 

various semi-implicit methods, the Simplified Marker And Cell (SMAC) algorithm (Amsden et al., 

1971), which was originally developed for a single-phase flow, is known to be advantageous for 

avoiding repeated iterations. For an application of the algorithm to the subcooled boiling flow in this 

study, the original SMAC algorithm has been extended to a two phase flow with a phase change. (Bae 

et al., 2008) 

 

3.2 Turbulence model in the two-phase flow 

Liquid turbulence is estimated by the standard k-ε model, which is a kind of Reynolds-Averaged 

Navier-Stokes (RANS) equation. For the case of bubbly two-phase flow, the effect of a bubble’s 

motion on the turbulence has been modeled as a term of the bubble diameter and relative velocity 

(Lahey, 2005). Then, the total turbulent viscosity of the liquid phase is defined as Eq. (19). 
2
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In the case of a boiling flow, boiling bubbles at a heated surface are known to considerably affect the 

turbulence structure near the wall by altering the velocity field in a laminar sublayer. Kataoka and 



Serizawa (1997) modeled the enhanced turbulence by boiling bubbles and modified the turbulence 

mixing length in the boiling region. 
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       (20) 

evq  in Eq. (20) is the evaporative heat flux. pα  is the void fraction at / 2dy D=  and '
lu  means the 

fluctuation, k . In the definition of turbulence mixing length model, turbulent viscosity is 

proportional to the turbulence mixing length, that is, '
t l TP ll uµ ρ= . Therefore, the increased turbulence 

near the heated surface and wall shear stress were modeled with a same multiplication factor of Eq. 

(20). 
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Moreover, Kataoka and Serizawa (1997) derived a source term for the turbulent kinetic energy 

induced by the boiling bubbles, as revealed in Eq. (22) 
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To mechanistically model the turbulence structure, the source term defined in Eq. (22) was 

additionally considered as a source term of the k-transport equation. 

 

4.  ANALYSIS RESULTS 

4.1 SUBO Experiment 

To validate the EAGLE code with the bubble lift-off model, the experimental data of SUBO tests were 

utilized (Yun et al., 2008a and 2008b). In the experiment, the subcooled boiling phenomena in a 

vertical annulus channel were observed in SUBO (Subcooled Boiling) facility as shown in Fig. 3. The 

inner diameter of the test section is 35.5mm and the outer diameter of the heater rod is 10.02mm. The 

heater rod consists of three parts. The first part is an unheated section with 222mm in length for 

regulating the water condition at the inlet, the second part is a heated section with 3098mm in length 

for the simulation of boiling, and the third part is an unheated section with 800mm in length for the 

bubble condensation at the top region. Local two-phase flow parameters such as a void fraction, 

interfacial area concentration, bubble velocity were measured by an optical fiber two-sensor probe, 

which are traversed through 12 positions in a radial direction at 6 levels. 

The test conditions of SUBO experiments are summarized in Table 1. Compared with other facilities 

in the literature, SUBO has a capacity for simulating experimental conditions of the higher heat flux 

and mass flux in a longer vertical channel. Outlet pressure was maintained at around 155kPa in all the 

cases. When compared to the Base case, the Q1 and Q2 cases are tested to investigate the effect of 

heat flux. Moreover, in order to observe the subcooled boiling phenomena according to various 

conditions, the V1 and V2 cases have a higher mass flux than the base case and the T1 case has a 

higher inlet subcooling condition. 

 

Table 1 Test matrix of SUBO experiment 

Case 
Heat flux 

(kW/m
2
) 

Mass flux 

(kg/m
2
s) 

Inlet 

subcooling (K) 

Inlet  

pressure (kPa) 

Outlet 

pressure (kPa) 

Base 470.6 1132.6 19.1 192.9 157.3 

Q1 363.7 1119.6 19.0 192.7 156.7 

Q2 563.0 1126.9 18.3 188.9 155.7 

V1 465.7 2126.5 19.6 196.9 156.9 

V2 567.9 2128.8 19.5 197.6 158.0 

T1 465.5 1103.9 29.6 190.7 155.0 



 

Fig. 3 Test section of SUBO facility 

 

4.2 Result and discussion 

To validate EAGLE code and the interfacial area transport equation model in this study, SUBO 

experiment data was analyzed. Analysis was conducted for modeling the heated section within a grid 

composed of 10 (radial)ⅹ200 (axial) axisymmetric cells in a cylindrical coordinate. The inlet 

turbulence intensity was set to 5% of the mean velocity. The grid in the EAGLE analysis was 

constructed with referring those of previous studies for similar subcooled boiling flow channels. In the 

CFX analysis of Yeoh and Tu (2005), the grid of 13 (radial)ⅹ30 (axial) x 3 (circumference) cells was 

used for an annulus channel with a 9.25mm gap size and Yao and Morel (2004) used the grid of 13 

(radial)ⅹ30 (axial) cells for an annulus of 9.6mm gap in NEPTUNE code. In this study, the 

comparison with a more refined grid was conducted additionally, so that the results between 10 cells 

and 15 cells in a radial direction will be discussed. The inlet condition and the heated wall boundary 

condition were given as a constant mass flux and heat flux at the cell surface, and a zero-gradient 

condition was taken into account at the outlet boundary.  

Fig. 4 compares the radial distribution of the void fraction for all test cases of SUBO experiment, 

respectively. As shown in the figure, the radial distribution of void fraction indicated the existence of 

bubbly boundary layer near the heated surface, which is one of the representative characteristics in the 

subcooled boiling phenomena as reported by Lee et al. (2002) and Situ et al. (2004). The thickness of 

the bubbly boundary layer can be found with the distance from the heater surface to the radial position 

where the void fraction is zero. It was shown that the bubbly boundary layer was increasing as the 

fluid flowed toward the downstream within the heated section. In the case of the analysis results as 

shown in Fig. 3, the axial development of the bubbly boundary layer in the subcooled boiling was 

predicted reasonably by the calculation of EAGLE code. It means that the evaporative heat flux in the 

heat partition model according to the bubble lift-off mechanism could estimate the amount of void 

generation at a heated wall appropriately. The difference of the bubbly boundary layer thickness 

between the experiment and analysis was due to the limitation of the interfacial heat transfer model, 

which should be improved depending on the local two-phase flow parameters.  

In the comparison of the interfacial area concentration as revealed in Fig. 5, it was found that the 

modeling of the interfacial area transport equation predicted the distribution of the interfacial area in 

SUBO experiments appropriately. As revealed in the experimental results, the amount of interfacial 

area concentration was closely related to the void fraction and the dependency on the heat flux or mass 

flux condition could be explained by the same reason discussed in the above section. Calculation 



results showed that the advanced source term of interfacial area transport equation according to the 

bubble lift-off mechanism induced a peak of the interfacial area concentration near the heated wall, 

while the condensation and bubble interaction mechanism such as a breakup or a coalescence 

predicted the radial distribution of the interfacial area concentration effectively. Fig. 6 compares the 

interfacial area concentration in Base case with the calculation results adopting Situ’s bubble lift-off 

diameter model (2005).  From the comparison, it is proved that the bubble lift-off model derived in 

Section 2 yields a more reasonable agreement in the multi-dimensional distribution of interfacial area 

concentration near the heated wall, since the model considers the growth of a departed bubble on the 

wall mechanistically. 
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(a) Base case (b) Q1 case 
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(c) Q2 case (d) V1 case 
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(e) V2 case (f) T1 case 

Fig. 4 Comparison of void fraction in SUBO experiment  
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(a) Base case (b) Q1 case 
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(c) Q2 case (d) V1 case 
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(e) V2 case (f) T1 case 

Fig. 5 Comparison of interfacial area concentration in SUBO experiment 
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(a) Bubble lift-off model in this study (b) Situ’s lift-off diameter model (2005) 

Fig. 6 Comparison of interfacial area concentration in Base case 



Fig. 7 represents the analysis results of the bubble velocity and compares them with the experimental 

ones. As seen in the experimental results, the axial bubble velocity showed a peak at around the center 

of the channel due to a larger buoyant force of the large bubbles. EAGLE code analysis also revealed a 

peak of bubble velocity at around the center in all test cases and indicated a reasonable agreement with 

the experimental results as shown in the figure. Especially, the modeling of an increased turbulence in 

the laminar sublayer as described in Section 3.2 played an important role in enhancing the prediction 

capability of the bubble velocity near the heated surface. The modeling effect is compared in Fig. 8, 

where the calculation with excluding the enhanced turbulence overestimated the bubble velocity near 

the heated wall. The wall function according to the single phase flow turbulence was applied to 

calculate the wall shear stress, which is equal to a diffusive flux term acting on the surface of a cell 

adjacent to the wall. The shape of velocity profile as depicted in EAGLE analysis results could be 

parabolic by the effect of the wall shear stress. The assumption of velocity profile according to the 

wall function theory can be available only in a region which is closely adjacent to the wall. So the 

parabolic shape of the velocity in Fig. 8 is not directly related with the velocity profile according to the 

wall function itself. 

On the other hand, the bubble velocity in the downstream is not significantly increased due to the 

momentum balance between the interfacial frication and buoyancy force. As compared to the Base, Q1, 

and Q2 cases in Fig. 7, the high heat flux generated a larger amount of steam in both of experiment 

and analysis and it caused the bubble velocity increased. In the V1 and V2 cases with the larger mass 

flux, although the void generation was less than the Base or Q2 cases due to the higher subcooling of 

the fluid, bubble velocity was increased by the interaction with the liquid phase. 
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(a) Base case (b) Q1 case 
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(c) Q2 case (d) V1 case 
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(e) V2 case (f) T1 case 

Fig. 7 Comparison of bubble velocity in SUBO experiment 
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(a) With the turbulence of boiling bubbles (b) Without the turbulence of boiling bubbles 

Fig. 8 Comparison of bubble velocity in Base case 

 

Fig. 9 compares the analysis results of Base case with a more refined grid. (15 radial cells x 200 axial 

cells) As shown in the figure, the more refined grid in a radial direction did not significantly influence 

the analysis results. 
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(a) Void fraction (b) Bubble velocity 

Fig. 9 Effect of grid refinement in Base case 

 

5.  CONCLUSION 

This study focused on the development of a wall nucleation source term for the interfacial area 

transport equation for the analysis of the subcooled boiling two-phase flow. To evaluate the model, 

SUBO experiment was performed and the test results were utilized for the validation of EAGLE code. 

To mechanistically model the dynamic behavior of the interfacial area concentration, the wall 

nucleation source term in the interfacial area transport equation was improved with taking into account 

the bubble sliding and lift-off phenomena on the wall. Bubble lift-off diameter model was developed 

from a force balance on the sliding bubble at the heated wall. In order to consider the actual frequency 

of the bubble lift-off, the effect of a coalescence among the sliding bubbles was reflected by modeling 

the lift-off frequency reduction factor, which affected the evaporative heat flux and the wall nucleation 

source term in the interfacial area transport equation. The interfacial area transport equation with the 

developed wall nucleation model has been implemented in the multi-dimensional two-phase flow 

analysis code, EAGLE. The code adopted the two-fluid model and SMAC algorithm was extended to 

be applicable to the two-phase flow with a phase change. 

From a comparison with SUBO experiment, the analysis with a mechanistic model of bubble lift-off 

diameter and lift-off frequency reduction factor was confirmed to predict the experimental data 

reasonably well. In conclusion, the development of EAGLE code with the mechanistic model of the 

interfacial area transport equation will enhance the analysis capability of multi-dimensional two-phase 

flow during the subcooled boiling. As a further improvement following this work, development of the 



two-group interfacial area transport equation for a boiling flow is essential to cover the flow regime of 

a bubbly-to-slug transition flow or a slug flow. 
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Abstract 

 

High-thermal performance PWR (pressurized water reactor) spacer grids require both low pressure loss 
and high critical heat flux (CHF) properties. Numerical investigations on the effect of angles and position 
of mixing vanes and to understand in more details the main physical phenomena (wall boiling, 
entrainment of bubbles in the wakes, recondensation) are required.  
In the field of fuel assembly analysis or design by means of CFD codes, the overwhelming majority of 
the studies are carried out using two-equation Eddy Viscosity Models (EVM), especially the standard 

ε−K  model, while the use of Reynolds Stress Transport Models (RSTM) remain exceptional. 

But extensive testing and application over the past three decades have revealed a number of shortcomings 
and deficiencies in Eddy Viscosity Models. In fact, the ε−K  model is totally blind to rotation effects 
and the swirling flows can be regarded as a special case of fluid rotation. This aspect is crucial for the 
simulation of a hot channel in a fuel assembly. In fact, the mixing vanes of the spacer grids generate a 
swirl in the coolant water, to enhance the heat transfer from the rods to the coolant in the hot channels 
and to limit boiling. 

First, we started to evaluate computational fluid dynamics results against the AGATE-mixing 
experiment: single-phase liquid water tests, with Laser-Doppler liquid velocity measurements upstream 
and downstream of mixing blades. The comparison of computed and experimental azimuthal (circular 
component in a horizontal plane) liquid velocity downstream of a mixing vane for the AGATE-mixing  
test shows that the rotating flow is qualitatively well reproduced by NEPTUNE_CFD but azimuthal 
liquid velocity is underestimated with the ε−K  model. 

Before comparing performance of EVM and RSTM models, we seek to apply the Best Practice 
Guidelines1 (BPG) to quantify the numerical errors. Due to the geometry and mesh size of cases featuring 
spacer grids, only few sensitivity tests can be performed. Therefore, we applied some recommendations 
of the BPG to two cases with very similar conditions but with a simpler geometry, the DEBORA-tube 
case and the ASU-annular channel case. 

Then, a geometry closer to actual fuel assemblies is considered. It consists of a rectangular test section in 
which a 2x2 rod bundle equipped with a simple spacer grid with mixing vanes is inserted. The influence 
of the turbulence model on target variables linked to CHF limitation will be discussed. Moreover, the 
sensitivity to the mesh refinement will be particularly examined. The study of this case is a further step 
towards the modelling of the two-phase boiling flow in real-life grids and rod bundles.  
 
 

1 NOMENCLATURE 

Ai interfacial area concentration 

                                                                 
1 Best Practice Guidelines for the use of CFD in Nuclear Reactor Safety Applications, NEA/CSNI/R(2007)5 
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Cd  drag coefficient  

∆t  numerical time step 

g  gravity acceleration 

Kl  liquid turbulent kinetic energy 

Mk  interfacial momentum transfer per unit volume and unit time 

p  pressure 

Prl  liquid Prandtl number 

k
R   Reynolds stress tensor. 

Reb bubble Reynolds number 

t  time 

u’i fluctuation of the liquid velocity 

Vk  averaged velocity of phase k 

Vki  interfacial-averaged velocity  

αk,  denotes the time fraction of phase k 

εl  dissipation rate 

µg  gas molecular viscosity 

νl  liquid kinematic viscosity 
T

lν   liquid turbulent eddy viscosity 

ρk,  averaged density of phase k 

σ  surface tension 

τw  wall shear stress 

k
Σ   molecular stress tensor 

 

Subscripts/Superscripts 

l liquid state 

v  vapour bubbles 

k phase k = l or v 

 

2 INTRODUCTION 

In a Pressurized Water nuclear Reactor, an optimum heat removal from the surface of the nuclear fuel 
elements (rod bundle with spacer grids) is very important for thermal margins and safety.  
 
The geometry of the fuel assembly spacer grids has a strong influence on the safety and performance 
issues, in particular the grid vanes inclination angle. In (Shin, 2005), the Critical Heat Flux (CHF) 
experiment on the effect of the angle and of the position of mixing vanes was performed in a 2x2 rod 
bundle. The authors show that the mixing vanes increase the value of the CHF and the result is correlated 
to the magnitude of the swirl generated by the mixing vanes. If the angle of the mixing vanes is relatively 
small, the magnitude of the swirling flow is smaller because the rotating force created by the mixing 
vanes is weak. If the angle of the mixing vanes is relatively large, the mixing vanes play the role of flow 
obstacle under the Departure from Nucleate Boiling (DNB) condition. Therefore, it is important that the 
turbulence modelling deal with rotation effects. 

 
There have been several studies on flow mixing and heat transfer enhancement caused by a mixing-vane 
spacer grid in a rod bundle geometry. Lee et al. (Lee, 2007) simulate the flow field and heat transfer in a 
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single phase flow for a 17x17 rod bundle with eight spans of mixing vanes. The FLUENT commercial 
code is employed and a Reynolds Stress Transport Model (RSTM) is used for turbulence. According to 
the authors, RSTM is helpful. Ikeda et al. (Ikeda, 2006) study an assembly consisting of a 5x5 heater rod 
bundle and eight specific mixing vane grids. For Ikeda et al., it might be insufficient to apply a standard 

ε−K  model to swirl-mixing flow and narrow-channel flow conditions that include non-isotropic 
effects. Moreover, In et al. (In, 2008) have performed a series of CFD single phase flow simulations to 
analyse the heat transfer enhancement in a fully heated rod bundle with mixing-vane spacers. For future 
work, In et al. recommend that a refined Computational Fluid Dynamic (CFD) model be developed to 
include details of the grid structure and a higher-order turbulence model be employed to improve the 
accuracy of such simulations. 

 
Additional two-phase effects like accumulation of bubbles in the centre of sub-channel or pockets of 
bubbles on the rods should be taken into account to improve the simulation of flow close to DNB. Indeed, 
single-phase simulations remain insufficient and boiling flows simulations are required. In (Krepper, 
2007), the authors describe CFD approaches to subcooled boiling and investigate their capability to 
contribute to fuel assembly design. A large part of their work is dedicated to the modelling of boiling 
flows and to forces acting on the bubbles. The authors note that the size of bubbles in the bulk is 
correlated to the local subcooling which is an important parameter (see (Shin, 2005)). 

 

Considering flow in a PWR core in conditions close to nominal, when boiling occurs, a high velocity 
steady flow takes place with very small times scales associated to the passage of bubbles (10-4 s – 10-3 s) 
and with quite small bubble diameters (10-5 to 10-3 m) compared to the hydraulic diameter (about 10-2 m). 
According to the synthesis of the work performed in WP2.2 of the NURESIM project (Bestion, 2007), 
these are perfect conditions to use a time average or ensemble average of equations as usually done in the 
RANS approach. All turbulent fluctuations and two-phase intermittency scales can be filtered since they 
are significantly smaller than the scales of the mean flow. 

 

The Large Eddy Simulation is also a possible approach. In the context of the NURESIM project, several 
studies have been carried out with a Large Eddy Simulation to study the axial development of air-water 
bubbly flows in a pipe. But in the synthesis of the work performed in WP2.2, it is noted in (Bestion, 
2007) that several open modelling and numerical issues still remain. So, we will focus on the RANS 
approach in this paper. 

 

According to all these recommendations, a better understanding of the detailed structure of a flow mixing 
and heat transfer downstream of a mixing-vane spacer in a nuclear fuel rod bundle has to be investigated 
with a RSTM.  

 

Moreover, the overwhelming majority of industrial CFD applications today are still conducted with two-
equation eddy viscosity model, especially the standard ε−K  model, while RSTM remain exceptional.  

As an example of RSTM development, a RSTM model adapted to bubbly flows is studied in (Chahed, 
1999) and used to perform simulations of three basic bubbly flows (grid, uniform shear and bubbly 
wake). The authors decomposed the Reynolds stress tensor of the liquid into two independent parts: a 
turbulent part produced by the mean velocity gradient that also contains the turbulence of the bubble 
wakes and a pseudo-turbulent part induced by bubble displacements; each part is predicted from a 
transport equation. This model is interesting but has not been selected here for the following reasons. 
Firstly, the computation effort is doubled (turbulent and pseudo-turbulent parts). Secondly, considering 
the flow close to nominal PWR core conditions, when boiling occurs, a high velocity steady flow takes 
place and the bubble diameter is quite small (10-5 to 10-3 m): therefore, the bubbles follow the liquid 
streamlines and so the modelling of the pseudo-turbulent part induced by bubble displacements can be 
omitted. Thirdly, the two-phase flow modelling proposed in (Chahed, 1999) does not tend to a single-
phase flow formulation when the void fraction tends to zero. These three arguments have imposed the 
choice of the higher-order turbulence model described in the paper. 
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A second-order moment turbulence model for simulating a bubble column is also proposed in (Zhou, 
2002). The authors defined a Reynolds tensor for each phase. Furthermore, following a similar method 
used in deriving and closing the Reynolds stress equations, a modelled transport equation of two-phase 
fluctuating velocity correlations is also solved. For the same reasons as those mentioned above for the 
model proposed in (Chahed, 1999), we have not adopted the model proposed in (Zhou, 2002). The 
turbulence modelling described in the present paper takes into account the Reynolds tensor for the liquid 
only, while a more basic modelling is used for the vapour phase. 

 

However, to the authors’ knowledge, no industrial CFD approach for boiling flows with a RSTM 
approach is available in the context of the fuel assembly design. This may be due to the fact that 
numerical problems may occur when using a RSTM approach without caution. Furthermore, the 
turbulence modelling of boiling flows is not straightforward. The use of RSTM also requires finer meshes 
than eddy viscosity models (EVM) and RSTM may therefore be more time and storage consuming. 
Developing an industrial RSTM approach is a quite challenging task but it is worth working at it: RSTM 
and EVM results will probably differ and it is important to determine what consequences it may have on 
thermal margin and safety of reactors. 

 
In the framework of a R&D programme carried out in the NEPTUNE project (EDF, CEA, AREVA-NP, 
IRSN), the following strategy has been adopted: 

1. validation of the NEPTUNE_CFD code with a RSTM approach on single phase flow with mixing 
vanes and on more academic cases of air-water adiabatic bubbly flows in a pipe; 

2. validation of the NEPTUNE_CFD code with a RSTM approach on boiling flows in a pipe and 
sensitivity to the angle of the vanes for fuel assembly spacer grids performed in a 2x2 rod bundle 
in a boiling flow configuration; 

3. validation of the NEPTUNE_CFD code with a RSTM approach for a 5x5 rod bundle with mixing 
vanes currently used for commercial nuclear fuel. 

The step 1 is described in (Mimouni, 2008b). The second step is developed in the present paper. The step 
3 is not yet started. Our main objective in this paper is to check that the simulation with the RSTM gives 
satisfactory results in a simple geometry as compared to a EVM: this point is crucial before calculating 
rod bundle geometries where the EVM model may fail. 
 

This paper is organized as follows. In section 3 the general model we use for two-phase boiling flow 
simulations is presented in detail. In section 4, we underline the weaknesses of the EVM models. In 
section 6, the second-moment closure model for high Reynolds number two-phase flows is presented. In 
sections 7 and 8 respectively, the DEBORA case and the ASU case are briefly described. The comparison 
of the results of NEPTUNE_CFD calculations and the experimental data are presented. The sensitivity of 
the numerical results to the turbulence model for the fluid and to the most important models is studied. 
The section 9 is dedicated to calculations of geometry close to actual fuel assemblies in PWR conditions.  

Finally, conclusions are drawn about our current capabilities to simulate boiling flows with a RSTM 
model and perspectives for future work are given. 

 

3 THE NEPTUNE_CFD SOLVER AND PHYSICAL MODELLING 

3.1 Introduction 

NEPTUNE_CFD is a three dimensional two-fluid code developed more especially for nuclear reactor 
applications. This local three-dimensional module is based on the classical two-fluid one pressure 
approach, including mass, momentum and energy balances for each phase. 

The NEPTUNE_CFD solver, based on a pressure correction approach, is able to simulate multi-
component multiphase flows by solving a set of three balance equations for each field (fluid component 
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and/or phase) (Guelfi, 2007), (Mimouni, 2006, 2008, 2008b). These fields can represent many kinds of 
multiphase flows: distinct physical components (e.g. gas, liquid and solid particles); thermodynamic 
phases of the same component (e.g.: liquid water and its vapour); distinct physical components, some of 
which split into different groups (e.g.: water and several groups of different diameter bubbles); different 
forms of the same physical components (e.g.: a continuous liquid field, a dispersed liquid field, a 
continuous vapour field, a dispersed vapour field). The solver is based on a finite volume discretization, 
together with a collocated arrangement for all variables. The data structure is totally face-based, which 
allows the use of arbitrary shaped cells (tetraedra, hexahedra, prisms, pyramids ...) including non 
conforming meshes (meshes with hanging nodes). 

 

3.2 Governing equations and physical modelling 

The CFD module of the NEPTUNE software platform is based on the two-fluid approach (Ishii, 1975), 
(Delhaye, 1981). In this approach, a set of local balance equations for mass, momentum and energy is 
written for each phase. These balance equations are obtained by ensemble averaging of the local 
instantaneous balance equations written for the two phases. When the averaging operation is performed, 
the major part of the information about the interfacial configuration and the microphysics governing the 
different types of exchanges is lost. As a consequence, a number of closure relations (also called 
constitutive relations) must be supplied for the total number of equations (the balance equations and the 
closure relations) to be equal to the number of unknown fields. We can distinguish three different types of 
closure relations: those which express the inter-phase exchanges (interfacial transfer terms), those which 
express the intra-phase exchanges (molecular and turbulent transfer terms) and those which express the 
interactions between each phase and the walls (wall transfer terms). The balance equations of the two-
fluid model we use for two-phase boiling flows and their closure relations are described in the following 
subsections. 

3.2.1 Main set of balance equations 

The two-fluid model we use for our two-phase boiling flow calculations consists of the following balance 
equations.  

Two mass balance equations: 

( ) vlkV
t

kkkk
kk ,. =Γ=∇+ ρα

∂
ρ∂α

 (1) 

where t is the time, kkk V,, ρα denote the time fraction of phase k, its averaged density and velocity. The 

phase index k takes the values l for the liquid phase and v for vapour bubbles. 

Two momentum balance equations: 

( ) ( )[ ] vlkRgMpVV
t

V
kkkkkkkkkkk

kkk ,.. =+Σ∇+++∇−=∇+ αρααρα
∂
ρ∂α

,  (2) 

where p is the pressure, g is the gravity acceleration, Mk is the interfacial momentum transfer per unit 

volume and unit time, and 
k

Σ  and 
k

R  denote the molecular and turbulent stress tensors, the latter being 

also called the Reynolds stress tensor. The wall friction terms for the two phases do not appear in the 
momentum balance equations because solid walls are only present at the boundaries of the flow domain 
and the wall friction is expressed through the wall boundary conditions. 

Two total enthalpy balance equations: 

( )[ ] vlkqqqA

V
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 (3) 

where hk is the phase-averaged enthalpy for phase k and hki is the interfacial-averaged enthalpy. We have 
assumed that the two phases are governed by the same averaged pressure field p and we make no 
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distinction between the pressures in the two phases or between the bulk pressure and the interface 

pressure for simplicity. The three terms kΓ , Mk and ik A
'Π  denote the interfacial transfer terms of mass, 

momentum and heat, the quantity Ai being the interfacial area concentration. The terms wkq ′′′  denote the 

wall-to-fluid heat transfer per unit volume and unit time for each phase. The two terms 
T

kk
qq and  denote 

the molecular and turbulent heat fluxes inside phase k. 

 
The interfacial transfer of momentum Mk appearing in the RHS of Eq. (2) is assumed to be the sum of 
four forces: 

 
TD

k

L

k

AM

k

D

kk MMMMM +++=  (4) 
 
The four terms are the averaged drag, added mass, lift and turbulent dispersion forces per unit volume. 
Now we will give the expressions we use for these forces and for their coefficients. 
 

• Drag force: 

 ( )lvlvDli

D

l

D

v VVVVCAMM −−−=−= ρ
8

1
,  (5) 

 
where CD is the drag coefficient for bubbles and can be determined experimentally.  
 

• Added-mass force: 
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∂ρα
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,  (6) 

 

where lv

AC  is the added mass coefficient which is equal to ½ for a spherical bubble and the factor 

(1+2α)/(1-α) takes into account the effect of the bubbles concentration (Zuber, 1964), (Ishii, 1990). 
 

• Lift force: 

 ( ) ( )llvlvL

L

l

L

v VVVCMM ∧∇∧−−=−= ρα ,  (7) 

 
where CL is the lift coefficient. This coefficient is equal to ½ in the particular case of a weakly rotational 
flow around a spherical bubble in the limit of infinite Reynolds number (Auton, 1987).  
 

• Turbulent dispersion force: 

 vllTD

TD

l

TD

v KCMM αρ ∇−=−= ,  (8) 

 
where Kl is the liquid turbulent kinetic energy and CTD is a numerical constant of order 1. This expression 
was proposed by Lance (Lance, 1994). 

An alternative approach is proposed by (Deutsch, 1991) to model the turbulence induced by bubbles: an 
algebraic model developed in the framework of Tchen’s theory where the turbulent kinetic energy for the 
dispersed phase and the covariance are calculated from the turbulent kinetic energy of the continuous 
phase.  

For the dispersed phase, the Reynolds stress tensor is closed using a Boussinesq-like hypothesis: 

).(
3

2
)( v

T

vvvvv

T

v

T

vvv
VKIVVR ∇+−∇+∇= νρρνρ  (9) 

where I  is the identity tensor, 
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with:   F
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τη =  , the ratio between the time scale of the continuous phase turbulence seen by the 

dispersed phase (that takes into account crossing trajectories effect) and the characteristic time scale of 
the momentum transfer rate between the liquid and dispersed phases: 

 

  

( )

lv

D

v

lv

AF

lv

r

t

lt

lv

F

C

C

ρτ

ξ
σ
ττ β

α

+=

+= −
2

1
21

 

with ασ is the turbulent Schmidt or Prandtl turbulent for the 

continuous phase, βC is the crossing trajectories coefficient 

taken equal to 1.8, lv

AC  is the added mass coefficient, 

 

with 

l
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V

3

1

〉〈
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l

lt
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K
C

ε
τ µ2

3= . 

It can be shown that the turbulent dispersion force is a particular case of the Tchen’s theory where CTD is 
a function of the physical quantities defined above and does not need any parameters.  

For the sake of simplicity, the turbulent dispersion force is used in the DEBORA tests and ASU tests, but 
the Tchen’s theory is used in the industrial geometry studied in the paper and in (Mimouni, 2008, 2008b). 

3.2.2 Turbulent transfer terms 

The ε−K  model describes energy processes in terms of production and dissipation, as well as transport 
through the mean flow or by turbulent diffusion. The Kolmogorov spectral equilibrium hypothesis also 
enables one to predict a large eddy length-scale. On the other hand, the anisotropy of the stresses is quite 
crudely modelled. First of all the EVM model assumes the Reynolds stress tensor is aligned with the 
strain rate tensor (Boussinesq approximation): 

).(
3

2
)( l

T

lllll

T

l

T

lll
VKIVVR ∇+−∇+∇= νρρνρ , (10) 

where I  is the identity tensor, Kl is the liquid turbulent kinetic energy and 
T

lν  is the liquid turbulent eddy 

viscosity. The liquid turbulent eddy viscosity is expressed by the following relation: 

l

lT

l

K
C

ε
ν µ

2

= , (11) 
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where Cµ = 0.09. The turbulent kinetic energy Kl and its dissipation rate εl are calculated by using the 
two-equations ε−K  approach.  

 

3.2.3 Interfacial transfer terms 

If the mechanical terms are neglected in comparison to the thermal terms in the averaged form of the 
energy jump condition, this condition reduces to:  

( ) 0≈′′+Γ∑ ikikik

k

Aqh . (12) 

This important relation (together with the mass jump condition Γ−=Γl ) allows to compute the mass 

transfer terms as functions of the interfacial heat transfer terms ikiAq ′′  and the interfacial-averaged 

enthalpies hki : 

i

livi

vili
vl A

hh

qq

−
′′+′′

=Γ−=Γ . (13) 

We have no information about the dependence of the interfacial- averaged enthalpies hki. Therefore, two 
basic assumptions can be made: (1) the interfacial-averaged enthalpies hki are identified to the phase-
averaged ones hk or (2) the interfacial-averaged enthalpies hki are given by the saturation enthalpies. Here 
we have made the assumption (1). Each interfacial heat transfer term ikiAq ′′  is the product of the 

interfacial heat flux density: 

( )ksatkiki TpTCq −=′′ )( , (14) 

where Cki, Tk and Tsat(p) denote a heat transfer coefficient, the averaged temperature of phase k and the 
saturation temperature. The interfacial area concentration is expressed as dAi /6α= , where α is the void 
fraction and d is the mean bubble diameter. The following heat transfer coefficient is used: 

l
a

l
l

l

dlVvV

ll
Nu

d

l
k
l

Nu

li
C b

ν

ν
=

−
=+== ˆPrˆRe31Pr

21
Re6.02 , (15) 

where bRe  is the bubble Reynolds number and Prl is the liquid Prandtl number, νl being the liquid 
kinematic viscosity. The heat transfer coefficient between the vapour and the interface for the case of 
bubbles is written as: 

c

pvv

ivi
t

C
AC

αρ
= , (16) 

where Cpv is the gas heat capacity at constant pressure and ct  is a characteristic time given by the users. 

This relation simply ensures that the vapour temperature Tv remains very close to the saturation 
temperature Tsat, which is the expected result for bubbly flows with sufficiently small bubbles (flow in a 
PWR core in conditions close to nominal). 

 

3.2.4 Wall transfer model for nucleate boiling  

In a first simplified approach, and following the analysis of Kurul (Kurul, 1990), the boiling heat flux is 
split into three terms:  

• a single phase flow convective heat flux qc at the fraction of the wall area unaffected by the 
presence of bubbles,  

• a quenching heat flux qq where bubbles departure bring cold water in contact with the wall 
periodically, 

• a vaporisation heat flux qe needed to generate the vapour phase. 
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Each of these three phenomena is expressed by a heat flux density (per unit surface of the heated wall) 
which is related to the volumetric heat flux by the following relation: 

 ( )eqc
w

wl
w

wl qqq
V

A
q

V

A
q ++=′′=′′′ , (17) 

where Aw is the heated wall surface in contact to the cell having volume V, therefore wlq ′′′  is expressed in 

W/m3 and wlq ′′  as well as qc, qq and qe are expressed in W/m2. The quantities qc, qq and qe denote the heat 

flux densities due to liquid convective heat transfer, quenching and evaporation respectively. The liquid 
convective heat transfer per unit surface of the heated wall is written as: 
 ( )lwcc TThAq −= log , (18) 

where Tw is the wall temperature and hlog is a heat exchange coefficient which is given by: 

 +=
T

u
Ch pll

*

log ρ , (19) 

where u* is the wall friction velocity and T+ is the non-dimensional liquid temperature. The velocity u* is 
calculated from the logarithmic law of the wall written for the liquid velocity in the wall boundary layer. 
The non-dimensional temperature follows a similar logarithmic profile. 
 
The heat flux density due to quenching is written as: 

 
( )

ql

lwl
qbq

ta

TT
ftAq

π
λ −= 2

, (20) 

where Ab is the wall fraction occupied by bubble nucleation, f is the bubble detachment frequency, tq is 
the quenching time and al is the liquid thermal diffusivity. The two fractions Ac and Ab are given by: 

 
( )
bc

2
db

A1A

4/dn,1minA

−=
π=

, (21) 

where n is the active nucleation sites density (per unit surface of the heated wall) and dd is the bubble 
detachment diameter. The active nucleation sites density is modelled according to (Kurul, 1990): 

 ( )[ ] 8.1210 satw TTn −= , (22) 

as a function of the wall superheating. The bubble detachment diameter is given by the correlation from 
Unal (Unal, 1977). The Unal’s correlation is valid for subcooled liquid but has been extended to saturated 
liquid. The bubble detachment diameter is given by: 

 
ϕb
a

pd d
709.051042.2 −= , (23) 

where p is the pressure and a, b and ϕ  are given by the following relations: 

 
( )

sv

ssatw

a

TT
a

πρ
λ

l2

−= , (24) 

 
where sλ  and as denote the wall conductivity and thermal diffusivity, vρ  denotes the vapour density and 

l  is the latent heat of vaporisation. In the modified correlation, b is given by: 
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where lV  is the norm of the liquid velocity and St is the Stanton number which is defined by: 

 ( )lsatlpll

eqc

TTVC

qqq
St

−
++

=
ρ

ˆ , (26) 
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and the quantity ϕ  appearing in Eq. (23) is given by : 

 smV
V

Vl /61.0,1max 0

47.0

0

=






















=ϕ , (27) 

The quenching time and the bubble detachment frequency are modelled as: 

 
dl

lv

q
d

g
fft

ρ
ρρ −

==
3

4
/1 , (28) 

The third heat flux density qe used for evaporation is given by: 

 n
d

fq v
d

e lρπ
6

3

= . (29) 

 

3.2.5 Wall function model for boiling flow 

In order to take into account the influence of bubbles in the near wall area, a modified logarithmic law of 
the wall was suggested by Ramstorfer et al. (2005) and Koncar et al. (2008), which is usually used for 
turbulent flows over rough walls and reads 

+++ ∆−+= uByu )ln(
1

κ
 (30) 

 

where  wt uuu /=+  , lwl yuy µρ /∆=+  and lwwu ρτ /=  (τw is the wall shear stress). Here tu  is the 

known velocity tangential to the wall and y∆  is the distance from the wall. Coefficients κ and B are 
standard single-phase constants with the values of 0.41 and 5.3, respectively. The last term represents the 
offset of u+ due to the wall roughness 
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(Ckr=0.5 for sand-grain roughness) and 
+
rk  is the so-called roughness Reynolds number: 

l

wrl

r

uuk
k

µ
ρ *

=+ , (32) 

where 
2/14/1* lkcu µ=  and dkr α= . 

We have also tested 
l

wrl

r

uk
k

µ
ρ

=+ but results are not changed (figure 6). 

4 EVM WEAKNESSES: THEORETICAL APPROACH. 

Flows encountered in vertical pipe are of great interest to validate the most important heat, mass and 
momentum closure relations. However, some negligible effects in simple geometry sometimes become 
preponderant in complex geometries. For example, the modelling of two-phase flow in water cooled 
nuclear reactors needs to take into account swirls and stagnation points. Applications in complex 
geometries also need to take into account the complex features of the secondary motions which are 
observed experimentally. These requirements highlight the need for meticulous turbulence modelling. 
A reason for the persistent widespread use of low level turbulence modelling in two-phase CFD is 
perhaps the fact that the use of two-phase CFD in complex industrial geometries is only starting. 
Moreover, many studies merely require “order of magnitude” or “good tendencies” answers.  

However, extensive testing and application over the past three decades have revealed a number of 
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shortcomings and deficiencies in EVM models, and among them the ε−K  model, such as: 

• Limitation to linear algebraic stress-strain relationship (poor performances wherever the stress 
transport is important, e.g.: non equilibrium, fast evolving, separating and buoyant flows); 

• Insensitivity to the orientation of turbulence structure and stress anisotropy (poor performances 
where normal stresses play an important role, e.g.: stress-driven secondary flows in noncircular 
ducts); 

• Inability to account for extra strain (streamline curvature, skewing, rotation); 

• Poor prediction particularly of flows with strong adverse pressure gradients and in reattachment 
regions. 

 
In a plane strain situation, such as upstream of a stagnation point on a bluff body, the exact (as obtained 
by a RTSM) production and that obtained from an EVM are respectively (Hanjalic, 2002): 

x

V
uuP

xl

yxexact ∂
∂

−−= ,2'2' )(  and 2,
, )(4

x

V
P

xl

tlEVM ∂
∂

= ν . 

The difference between the normal stresses actually grows slowly on the short time scale needed for the 
flow to travel around the stagnation point, so the production remains moderate, and in any case is 
bounded, whereas PEVM usually yields a severe over-prediction when the strain is high.  

 

The simulation of swirling flow generated by the mixing vanes is our main goal since it plays an 
important role for the prediction of the CHF for the fuel assemblies. For this reason, the rotation effects 
are more specifically addressed hereafter. 

It can be easily shown (Chassaing, 2000) that in the presence of an initially anisotropic turbulence, 
rotation will cause a redistribution of energy between normal components without affecting the value of 
this quantity. In fact, the angular velocity Θ does not appear explicitly in the K-equation, obtained by 
adding the normal stresses:  

ε−=
dt

dK
   

Thus, the ε−K  model is totally blind to rotation effects. The swirling flows can be regarded as a special 
case of fluid rotation with the axis usually aligned with the mean flow direction so that the Coriolis force 
is zero. This aspect is crucial for the simulation of hot channel of a fuel assembly. In fact, the mixing 
vanes of the spacer grids generate a swirl in the coolant water, to enhance the heat transfer from the rods 
to the coolants in the hot channels and to limit boiling. 

In the following section, we present some examples of large-scale industrial applications, performed 
using eddy-viscosity models, and subsequently discuss areas of weakness of the models, highlighting 
some improvements that can be obtained through the use of more advanced stress transport closures. 
 

5 ILLUSTRATION ON THE SINGLE-PHASE TEST AGATE-MIXING 

EXPERIMENT 

Keeping in mind the long-term objective (two-phase CFD calculations validated under typical 
Pressurized Water Reactor (PWR) geometries and thermal-hydraulic conditions), we started very recently 
to evaluate NEPTUNE_CFD against spacer grid type experiments. An experimental device representing 
three mixing blades (figure 2) was introduced in a heated tube (diameter = 19.2 mm) and used for two 
different programmes: 

• AGATE-mixing experiment (Falk, 2003): single-phase liquid water tests, with Laser-Doppler 
liquid velocity measurements upstream and downstream of mixing blades (for each of the 15 
horizontal planes, the liquid velocity is measured along 12 different diameters and there are 12 
points for each radius); the velocity at inlet is 3 m/s and the pressure is 2 bar. 
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• DEBORA-mixing experiment (Falk, 2002): boiling R12 refrigerant tests, on the same geometry 
but the total length of the calculation domain is 3.5 m; the tube is heated and the uniform wall 
heat flux is 109300 W/m2 which generates about 2% of vapour at outlet; the outlet pressure is 
26.2 bar; the inlet liquid temperature is 63.3 °C; the inlet liquid mass flow is 0.873 kg/s. The 
main physical phenomena to reproduce are: wall boiling, entrainment of bubbles in the wakes, 
and recondensation (Mimouni, 2008). So the prediction of the swirls is crucial. 

 
For the mixing blades part (60 mm) 77000 cells are needed. The figure 1 compares computed and 
experimental azimuthal liquid velocity downstream of the mixing vane (AGATE test). One can notice the 
rotating flow is qualitatively well reproduced by NEPTUNE_CFD although the velocity is 
underestimated. This is mainly due to the turbulence model (standard ε−K  here) which is not optimum 
for this type of geometry. 

 

figure 1: Azimuthal liquid velocity downstream of the 
mixing vane (Agate-mixing experiment). 

figure 2: View of the mixing device  

 
The ε−K  model underestimates azimuthal velocities downstream of the blades but the results remain 

qualitatively satisfactory. The ε−ijR  model gives satisfactory results (figure 1).  

In the following section, we propose a second-moment closure model to take into account the liquid 
turbulence in order to validate, in the long-term, calculations in typical Pressurized Water Reactor (PWR) 
geometries and thermal-hydraulic conditions. 

In the present paper, we suppose that RSTM is well-known in single phase flow (Hanjalic, 2002). Now, 
our objective is to test and if possible to improve our RSTM model adapted to bubbly flows as compared 
to experimental data and ε−K  results. Indeed, we are interested by two-phase high Reynolds numbers 
flows, but beforehand, the mechanical models implemented in the NEPTUNE_CFD code must be 
validated against boiling flows in analytical geometry.  
 

6 THE SECOND-MOMENT CLOSURE MODEL FOR HIGH REYNOLDS NUMBER 

FLOWS DEDICATED TO THE CONTINUOUS PHASE (LIQUID). 

 

In this section we omit the subscript “l” for the liquid and “α” is the void fraction for the sake of 
simplicity. 
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6.1 Equation on R ij 
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In this model, the Reynolds stress tensor of the continuous phase is split into two parts: a turbulent 
dissipative part produced by the gradient of mean velocity and by the wakes of the bubbles and a pseudo-
turbulent non-dissipative part induced by the displacements of the bubbles. The displacements of the 
bubbles should be taken into account in experiments where air is injected at the bottom of a water pool 
creating a large, axi-symmetric bubble plume with a large-scale recirculation flow around the plume. But 
swirling flows and high Reynolds number characterize our industrial applications. 

Hence, we neglected, in our approach and as a first analysis, the non-dissipative component called 
"pseudo-turbulent". We consider only the "turbulent" dissipative part. Within this framework, the term of 
production by the bubbles interfaces is written as (Chahed, 1999)   
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∂
∂++−   (34) 

where n indicates the normal to the interface and δ Ι  a Dirac function on the interface. It was omitted in 
(Chahed, 1999). Indeed, according to (Chahed, 1999) dissipation in the wakes is balanced by the 
interfacial production: the equation of transport of the Reynolds stress tensor has the same form as in the 
single-phase case and is given by (10). When the void fraction is vanishing, the two-phase flow 
modelling naturally degenerates to the single-phase flow modelling. 

 

Some terms of the equation of transport of the Reynolds stress tensor cannot be computed directly and 
must be modelled. A modelling resulting from (Hanjalic, 2002) is proposed below.  
A common way to model the viscous destruction of stresses for high Reynolds number flows is: 

ijij εδε
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2=  (35) 

 

The turbulent diffusion is of diffusive nature and the most popular model is the generalized gradient 

diffusion: 
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Pressure fluctuations tend to disrupt the turbulent structures and to redistribute the energy to make 

turbulence more isotropic: ωω
2,1,3,2,1, ijijijijijij Φ+Φ+Φ+Φ+Φ=Φ , with: 
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εω =   where x n is the distance to the wall and kn the base vector 

normal to the wall. The terms ωω
2,1, , ijij ΦΦ  are implemented in the code but are not used in the calculations 

because they don’t improve the results. 

 

• G is the production by body force. 
 

6.2 Equation on ε 

In the RTSM closures the same basic form of model equation for ε is used as in the ε−K  model, except 

that now ( )lkuu ′′  is available, which has the following implications: 

• The production of kinetic energy (P and G) in the source term of ε are treated in exact form; 
• The generalized gradient hypothesis is used to model turbulent diffusion. 

 

Hence, the model equation for ε has the form:  
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The coefficients of the ε−ijR  model are:   

 

sC  1C  2C  ω
1C  ω

2C  εC  
1εC  

2εC  
3εC  

4εC  

0.2  1.8  0.6  0.5  0.3  0.18  1.44  1.92  1.44  0.33  

Table 1: coefficients of the ε−ijR  model 

 

7 DEBORA CASE 

7.1 Brief description of the DEBORA experiment 

The tests were performed on the DEBORA loop at CEA-Grenoble with R12 refrigerant as a cooling fluid 
(Manon, 2000). Global flow data are given in Table 2. The calculation domain is a vertical cylindrical 
tube of 19.2 mm internal diameter and 3.485 m heated length. At the measuring station (end of the heated 
length), we compare numerical results against experimental data for the axial vapour velocity, the void 
fraction and the liquid temperature. 

 

Ps (outlet pressure) 

(MPa) 

flowrate G 

(kg/m²s) 

Heat Flux 

(kW/m2) 

Te (liquid temperature at inlet) 

(°C) 

Xs (outlet quality) 

2.62 1996 73893 68.52 0.058 

Table 2: global flow data of the DEBORA test 29G2P26W16Te68_1 
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The bubble diameter is equal to 0.3 mm in accordance with experimental observations. 

7.2 Simulations of the DEBORA experiment 

The flow is assumed to be axisymmetric therefore a two-dimensional axisymmetric meshing is used. 
Computations have been performed on three kinds of meshing with the ε−ijR  turbulence model and the 

wall function model dedicated to boiling flows and proposed in the paper: a coarse grid (20 cells in the 
radial direction and 100 cells in the axial direction), a medium grid (20 cells in the radial direction and 
200 cells in the axial direction) and a fine grid (30 cells in the radial direction and 200 cells in the axial 
direction). Results are similar (figure 3), hence the subsequent calculations were performed on the first 
grid. A difference on the liquid temperature is observed, but its magnitude is small. 
 

The void fraction profile illustrates that vapour bubbles are nucleated onto the heated wall surface and 
condense in the subcooled liquid in the core of the flow. The liquid temperature profile is the combination 
of several phenomena: the liquid near the wall is heated by the single phase flow convective heat flux qc 
plus the quenching heat flux qq; bubbles condense in the subcooled liquid in the core of the flow and heat 
the liquid; the molecular and turbulent heat fluxes inside the liquid phase modify the temperature profile. 
The liquid turbulent heat flux depends on the values of Kl and ε  and therefore depends on the turbulence 

modelling: on the figure 4, the ε−ijR  model gives better results than the ε−K  model which means 

that ε−K  model over-estimates the liquid turbulent heat flux. 
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figure 3: Sensitivity to the mesh refinement  figure 4: Sensitivity to the lift force and to the 

wall function (WF) model. 

 

On the figure 4, we study the effect of the lift force on the void fraction, liquid temperature and axial 
vapour velocity calculated with the ε−K  turbulence model for the liquid phase. Calculations with lift 
force (“K-eps WF + LIFT”) and without lift force (“K-eps WF”) give similar results. Great values of the 
liquid mass flow rate and bubbles diameter of order of 0.3 mm make the bubbles follow the liquid stream 
lines. The relative velocity is weak and so, the lift force is small. As a consequence, the lift force is 
neglected, which is a desirable simplification since it may cause numerical instabilities when used in 
conjunction with the ε−ijR  turbulence model. We only consider the drag, added-mass and turbulent 

dispersion force in the following computations. 

Following Koncar et al (2008), wall function model have been implemented to take into account the 
modification of the single phase logarithmic wall law for boiling cases. When using the ε−K  
turbulence model, the void fraction is overestimated in the core with the wall function model (WF). 
Without this model, the results of the standard wall function (standard) model are in quite good 
agreement with the experimental data.  

Computations with the ε−ijR  model used in conjunction with the WF model give globally a quite good 

agreement with the experimental data even if they slightly overestimate the void fraction near the wall. 

 

8 ASU CASE 

8.1 Brief description of the ASU experiment 

The Arizona State University (ASU) experiment is described in (Hasan, 1990) and (Roy, 1993) for two-
phase boiling flow measurements. The test section of the ASU experiment consists of a vertical annular 
channel with a heated inner wall and an insulated outer wall. The inner tube is made of 304 stainless steel 
(i.d. = 14.6 mm, o.d. = 15.9 mm) and the outer pipe of transparent pyrex glass (inlet diameter = 38.1 mm, 
outlet diameter = 47 mm) except for a 0.496 m long measurement section which is made of quartz (i.d. = 
37.7 mm, o.d. = 41.7 mm). The inner tube is resistively heated, the upper 2.75 m of the 3.66 m long test 
section being the heated length. The lower 0.91 m serves as the hydrodynamic entrance length. The 
working fluid is refrigerant 113 (R113). 

 

When the inner wall heating is sufficiently high, heterogeneous nucleation appears onto this wall surface. 
As the inlet liquid is subcooled, the bubbles condense into the colder liquid when they are far from the 
inner wall layer. According to Roy et al. (Roy, 1993), a two layer is observed: a boiling bubbly layer 
adjacent to the heated wall and an outer all liquid region. A dual-sensor optical fibre probe and a 



17 

microthermocouple were installed diametrically opposite each other in the measurement section. The 
measurement plane was approximately located at 1.94 m downstream of the beginning of the heated 
length. The dual-sensor optical fibre probe was used to measure the radial profiles of the different 
quantities characterizing the dispersed phase (void fraction, bubble axial velocity and bubble chord 
length). The bubble chord length distribution allows to compute the bubble diameter distribution, hence 
the local interfacial area concentration, by making several assumptions (see (Roy,1993) for more 
explanations). However, these authors conclude that further work is needed before the local interfacial 
area concentration can be determined with confidence. 

The bubble diameter is equal to 1.2 mm in the calculations in accordance with experimental 
observations. 

 

We have the radial profiles of the void fraction, the mean axial liquid velocity, the mean liquid 
temperature and the radial fluctuations of the liquid velocity for two different experimental cases we 
name TP5 and TP6. The controlling parameters for these cases are indicated in table 3 below. 

 

Case Pressure, bar Wall heat flux, W/m2 Inlet mass flow rate, kg/m2s Inlet temperature, °C 

tp5 2.69 95 784 50.2 

tp6 2.69 116 784 50.2 

Table 3: Experimental conditions retained for our simulations. 
 

8.2 Simulations of the ASU experiment 

For the experimenters, the advantage of using an annular geometry instead of a pipe is that the flow field 
can be studied by intrusive probes (e.g. optical fibre probes, microthermocouples) or non intrusive probes 
(e.g. Laser Doppler Velocimeter) without having to disrupt the heated wall (Roy, 1993). For us, the 
advantage of this particular geometry is to test the validity of our models for a boiling flow around a 
convex heated wall instead of inside a concave one as it is the case for a simple pipe. This change of wall 
convexity can have some important effects on the flow evolution. In a general manner, it is advantageous 
to test the models we have retained for boiling flows on different experiments characterized by different 
working fluids (R113 for ASU / R12 for DEBORA), different wall heatings, different inlet liquid flow 
rates and subcoolings…  
The length of the ASU calculation domain is equal to 3.30 m and the last 2.39 m length are heated. The 
flow is assumed to be axisymmetric therefore a two-dimensional axisymmetric calculation grid has been 
used. Computations have been performed on three kinds of meshing with the RTSM turbulence model 
and the wall function model: a coarse grid (20 cells in the radial direction and 100 cells in the axial 
direction), a medium grid (30 cells in the radial direction and 100 cells in the axial direction) and a fine 
grid (20 cells in the radial direction and 200 cells in the axial direction). Results are similar. Hence, the 
subsequent computations were performed on the first grid (figure 5). 
Following Koncar (Koncar, 2008) and the conclusions of the previous test case (namely the DEBORA 
test), the forces acting on the bubbles that were retained are the drag, added-mass and turbulent dispersion 
forces. 

 



18 

  

 

 

figure 5: Sensitivity to the mesh refinement (RSTM+WF). 

 

The liquid velocity profile calculated with the ε−K  model is improved when using the WF model. We 
think that the discrepancy observed on the liquid mean axial velocity may be due to a bad estimation of 
the liquid axial velocity near the heated wall. This would not be surprising since we use the classical 
single-phase logarithmic velocity profile to express the boundary condition on the liquid velocity (wall 
friction law). 

Void fraction and liquid temperature profiles are similar with or without the WF model. Moreover, all 
the profiles computed the RSTM model are practically unchanged with the WF model (figure 6). So, 
the WF model is adopted by default in the subsequent computations ( ε−K  and ε−ijR ).  

 

  



19 

  
figure 6: Sensitivity to the wall function (WF) model. 

 

We compare the RSTM and ε−K  models for the void fraction (figure 7), the liquid temperature 
(figure 8), the liquid axial velocity (figure 9), the liquid turbulent kinetic energy (figure 10) and the 
radial fluctuations of the liquid velocity (figure 11). The liquid temperature profiles are in quite good 
agreement with the experimental data with both turbulence models.  

The local void fraction at a given point is the result of the competition between several physical 
phenomena like bubble nucleation and condensation, bubble lateral migration, bubble relative axial 
velocity… Liquid temperature and axial liquid velocity profiles are similar with both turbulence models 
but the void fraction profile is particularly well predicted with the RSTM model. In fact, radial 
fluctuations of the liquid velocity give satisfactory results near the wall where most of the bubbles are 
concentrated. For the ε−K  model, radial and axial velocity fluctuations are the same. 

Particularly near the wall, we observe a quite good agreement between the calculations using the 
RSTM model and the experimental data (see the void fraction for the TP5 and TP6 tests on the 
figure 7), which is crucial for the prediction of the boiling crisis in PWR conditions. 
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figure 7: Void fraction with the WF model. figure 8: Liquid temperature with the WF model. 

 

The liquid turbulent kinetic energy are slightly more correctly predicted near the wall with the RSTM 
model but calculations using the ε−K  model give slightly more satisfactory results in the core of the 
flow (figure 10). The radial fluctuations of the liquid velocity give better results with the RSTM model 
(figure 11). 

  

  
figure 9: Liquid velocity with the WF model. figure 10: Liquid turbulent kinetic energy (WF). 
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figure 11: Radial fluctuations of the liquid velocity (WF). 

 

Even in this analytical geometry, where the turbulent intensities calculated by both turbulence models are 
relatively weak, we observe a difference on variables like the void fraction or the liquid velocity.  

 

9 CALCULATIONS OF A 2X2 ROD BUNDLE 

A geometry closer to actual fuel assemblies is considered (Shin, 2002). It consists of a rectangular test 
section in which a 2x2 rod bundle equipped with a simple spacer grid with mixing vanes (figure 12-
figure 13-figure 15). The geometry of the mixing vanes is different from (Shin, 2002) and so we don’t 
have experimental data but the calculations performed in this section will allow estimating our current 
capabilities to simulate boiling flows with a RSTM with a geometry closer to actual fuel assemblies. 

The thermal-hydraulics conditions are representative of PWR core configurations close to nominal. At 
inlet, the liquid temperature is 603K and the axial velocity is 5m/s. The outlet pressure is 155 bar. 

An adiabatic single-phase liquid velocity profile establishes in the 0.3 m inlet section. Above this limit, a 
uniform heat flux is imposed along the rods up to 0.9 m upstream of the mixing vanes. This heat flux is 
equal to 1.6MW so that the void fraction reaches a maximum value of about 70%. 
Following Koncar (Koncar, 2008) and the conclusions of DEBORA test, the forces acting on the bubbles 
that are retained are the drag and the added-mass forces. The turbulent dispersion is taken into account by 
the Tchen’s theory. 

Calculations have been performed with three kinds of meshing with the RTSM turbulence model and the 
ε−K  turbulence model: a coarse grid (figure 16), a medium grid (figure 17) and a fine grid (figure 18). 

The mean axial liquid velocity (profile 1 and 2) upstream of mixing blades are presented figure 19 and 
figure 20. Results are similar and do not depend on the grid refinement. But for the profile 1, the ε−K  
model on the finest mesh give slightly higher values because the mesh near the wall is much too fine and 
then the usual logarithmic law is replaced by a condition of vanishing velocity at the wall. Therefore, in 
order to conserve the mass flowrate, the liquid velocity takes higher values in the core of the flow. 
The height Z=0 mm corresponds to the beginning of the spacer grid. The mean azimuthal liquid velocity 
(profile 1) just above the mixing blades at the height Z=40mm is illustrated on figure 21. Results are 
similar and do not depend on the grid refinement. Downstream of the mixing blades, at Z=200mm, the 
mean azimuthal velocity (profile 1) predicted using the ε−K  model is much lower than that predicted 

with the ε−ijR , as expected from the theory. This fact is also clear on figure 25, figure 26, figure 27 and 

figure 28. Therefore, the mixing of the flow predicted with the ε−K  model is smaller than with the 

ε−ijR  model. 
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The liquid temperature in the flow is the combination of several phenomena as already discussed in the 

DEBORA test. The turbulent heat flux is directly proportional to 
l

lT

l

K
C

ε
ν µ

2

=  and the ε−K  usually 

yields a severe over-prediction of lK  downstream of the mixing blades. The ε−K  model under 

estimates the mixing but over-predicts the turbulent coefficient diffusion of heat flux. The liquid 
temperature fields for both turbulence models are presented figure 23 and figure 24: the liquid 
temperature calculated with the ε−K  model is more homogeneous in the calculation domain, i.e. the 
gradient of temperature is lower. As a consequence, the void fraction fields downstream of the mixing 
blades have slightly lower values with the ε−K  model than the ε−ijR  model. A second order closure 

for the turbulent heat flux should be used in future calculations to take into account the anisotropy of the 
turbulent heat fluxes, which is needed to detect hot points on the rod surface in the frame of the boiling 
crisis. 
The time step is about 10-5 s to ensure a CFL equal to 1. As for the computational costs, the results are 
synthesized in the table 4. The RSTM over-cost is about 36% for single-phase flow but reaches 56% for 
boiling flow. 

The over-cost with the ε−ijR  model for boiling flows is important but remains reasonable when using a 

super-computer with 64 processors. 

 Single-phase flow Boiling flow 

ε−K  ; coarse grid 3,0 s 3,3 s 

ε−K  ; medium grid 6,5 s 9,9 s 

ε−K  ; fine grid 20,1 s 25,5 s 

ε−ijR  ; fine grid 27,5 s 40,0 s 

Table 4: CPU time by time step. 
 

 

 
figure 12: spacer grid with mixing vanes figure 13: 2x2 rod bundles. 

 

H = 33 mm 
Ldownstream=0.5 m 

Lupstream=1.2 m 
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figure 14: liquid velocities are calculated along 
profiles 1 and 2. 

figure 15: 2x2 rod bundles (Shin, 2002). 

 
 

 
 

figure 16: Coarse meshing : 1 651 508 cells (zoom at right). 
 

 
 

figure 17: Medium meshing : 3 366 976 cells (zoom at right). 
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figure 18: Finest meshing : 7 629 583 cells (zoom at right). 
 

  
figure 19: mean axial liquid velocity (profile 1) 
upstream of mixing blades. 

figure 20: mean axial liquid velocity (profile 2) 
upstream of the mixing blades. 
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figure 21: mean azimuthal liquid velocity 
(profile 1) just above the mixing blades. 

figure 22: mean azimuthal liquid velocity (profile 
1) downstream of the mixing blades. 

 

figure 23: liquid temperature ( ε−K ). figure 24: liquid temperature ( ε−ijR ) 

 

  
figure 25: void fraction just above the mixing 
blades at Z=40 mm ( ε−K ). 

figure 26: void fraction downstream of mixing 
blades at Z=200 mm ( ε−K ). 

 

  
figure 27: void fraction just above the mixing 
blades at Z=40 mm ( ε−ijR ) 

figure 28: void fraction downstream of mixing 
blades at Z=200 mm ( ε−ijR ). 
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10 CONCLUSION AND PERSPECTIVES 

An analysis of turbulence modelling for two-phase flows in fuel assemblies has been proposed. Indeed, 
the use of eddy viscosity models is widespread and may be sufficient for parallel flows in vertical pipes, 
but that type of model does not account for effects that are preponderant in complex geometries, 
especially when swirling flows are involved, for example in pressurized water reactor cores downstream 
of mixing vanes and spacer grids. In accordance with the theory, it is shown in the case of a flow 
downstream of a mixing vane that using a Reynolds Stress model is an efficient way to improve the 
simulation of such complex flows. To demonstrate that the use of a Reynolds Stress model is not bound 
to deteriorate the classical results obtained with an eddy viscosity model, a validation step on more 
analytical experiments has been carried out in (Mimouni, 2008b) (bubbly flows in a straight pipe and in a 
sudden expansion): the study shows that the Reynolds Stress Model implemented in the multiphase 3D 
code NEPTUNE_CFD satisfactorily reproduces the results obtained with the standard eddy viscosity 
model and both compare reasonably well with the experiments in such configurations. This first 
conclusion has been extended to the two-phase boiling flows in the present paper. 

Calculations in a geometry closer to actual fuel assemblies in PWR thermal-hydraulics conditions show 
that the ε−K  and ε−ijR  models may predict globally the same void fraction level because of errors 

compensations with the ε−K  model downstream of mixing vanes.  

 As the void fraction is directly related to the liquid temperature field, a second order closure for the 
turbulent heat flux should be used in future calculations.  

 

As for the computational cost, we note that in the case of the 2x2 rod bundle test that the RSTM over-cost 
is about 36% for single-phase flow but reaches 56% for boiling flow. 

 

Moreover, amongst the developments planned in the medium term, we have identified the need for a 
polydispersion model allowing a local prediction of the bubble size distribution. 

Besides, it may be indicated that the NEPTUNE project has set up a medium and long term experimental 
programme to acquire detailed measurements in simplified and real geometries, both in adiabatic and real 
conditions (Guelfi, 2007).  
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Abstract 

We present a high resolution gamma ray computed tomography (CT) system that can be used 

for averaged void distribution measurements in sub-channels of fuel rod bundles. This 

measurement system generates cross sectional void fraction profiles through the pressure 

vessel for true-to-scale fuel rod bundles operating under typical nuclear reaction conditions 

and in steady state. Measurements are non invasive, thus the two-phase flow in the bundle is 

not influenced. The gamma ray CT system consists of a collimated 
137
Cs isotopic source, a 

gamma radiation detector arc including 320 single elements and a pulse processing unit. The 

average spatial resolution of the CT system is about 2 mm in plane and 8 mm axial. The 

thermal design of the detector arc is optimised to keep the temperature of internal components 

constant under changing environmental conditions. A specially developed gantry is 

constructed to realise vertical positioning and continuous rotation of the CT system. To 

determine the void fraction distribution two different measurement methods are tested. For 

the two-point calibration method, data sets at zero and one hundred percent void fraction are 

required. In another measurement, calibration objects filled with reference materials are used. 

The non superposed slice image is generated using the filtered back projection reconstruction 

algorithm. 

1 INTRODUCTION 

The determination of void fraction distributions in sub-channels of fuel rod bundles under real 

operation conditions is highly important for the analysis of the critical heat flux (CHF) 

phenomenon as well as dry-out effects and eventually to increase the safety and efficiency of 

nuclear facilities. There are thermal hydraulic test facilities for boiling water reactors on 

which the behaviour of newly designed fuel rod bundles can be tested under authentic 

operating conditions, i.e. at pressures up to 100 bar and corresponding saturation temperatures 

of up to 311 °C. Different operating scenarios can be adjusted by varying the electrical current 

that heats the test bundle as well as the coolant flow rate in the test loop. Currently, many 

efforts are being spent towards CFD modelling of two-phase flows in heated rod bundles 

(Glück, 2006 and Krepper, 2007). Since two-phase flow modelling is highly challenging for 

today’s CFD codes, the results must be validated by measurements. In the past many 

measurement techniques were developed to determine void fraction, e.g. needle probes, wire 

mesh sensors or optical systems. However, applying measurement devices into environments 

described above is very challenging for the used materials and the system. Furthermore, such 

measurement systems can only be applied by implementing openings into the housing of the 

object that has to be analysed. Therefore, measuring solutions operating non invasively are 

required. A gamma densitometer may be deliver integral information for an alley of sub-

channels using a gamma radiation beam that have enough energy to penetrate the vessel and 
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other material respectively and to generate a good void contrast (Leberig, 2006). The new 

high resolution gamma ray CT device (Hampel, 2007a) can produce 2-D void distribution 

images in different planes of a test facility. This measurement system was developed for the 

analysis of the phase fraction distribution in process applications (Hampel, 2007b and 

Bieberle, 2007b). For gamma ray computed tomography, a collimated isotopic source is 

placed opposite to a radiation detector arc that measures the radiation intensity weakened by 

density differences in the object of investigation. The measured density profile is called a 

projection. By rotating the measuring system around the object a number of projections can 

be acquired from different angle positions. Using either analytical or algebraic reconstruction 

algorithms the material distribution of the measured plane can be reconstructed (Kak and 

Slaney, 1988). 

 

2 THE MEASUREMENT SYSTEM 

The gamma CT measurement system was developed by the Forschungszentrum Dresden-

Rossendorf and comprises a collimated 
137
Cs isotopic source, a high resolution gamma 

radiation detector arc, a pulse processing unit, a measurement PC and a tomography gantry 

(Fig 1). The high resolution detector arc consists of 320 single contiguously arranged detector 

elements. They are operated in pulse mode and can to some degree separate scattered from 

non-scattered gamma photons. Each detector consists of a scintillation crystal (lutetium 

yttrium orthosilicate) that is coupled to an avalanche photodiode. The active area of each 

detector is 2 mm by 8 mm and the detection efficiency is about 75% for gamma photons with 

an energy of 662 keV (Bieberle, 2007a). Avalanche photodiode technology was used to 

ensure a successful operation in environments with strong electromagnetic fields. 

 

 

Fig 1: Principle sketch of the gamma tomography measurement system. 

The scintillation light from each gamma photon is transformed to a voltage pulse by a charge 

sensitive preamplifier stage (Fig 2). Here, the signal’s amplitude is proportional to the energy 
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of the detected gamma photon. In a separate pulse processing unit pulses are then electrically 

formed and amplified to an almost symmetrical pulse (Kollar, 2005). A following energy 

discrimination stage selects those signals whose amplitudes are inside a predefined voltage 

window. In this way only gamma photons are counted which passed the object of 

investigation without interaction and deposited their full energy into the scintillation material. 

The upper and lower threshold voltages are therefore chosen to select the photo peak area out 

of the interaction spectrum of the used isotopic source. For each approved pulse a 24 bit 

counter is incremented by one. A 24 bit latch stores the counter values temporarily. The 

described pulse processing is realised fully parallel. Thus, the pulse count rates of all 320 

single detectors can be measured simultaneously, while the data transfer can be accomplished 

serially. The time needed for a complete data transfer depends on the chosen counter depth. 

Typically, it takes about 4 ms which is too short to obtain good measurement statistics for the 

used isotope. 

 

 

Fig 2: Scheme of the pulse processing electronics. 

The thermal configuration of the detector arc was designed to keep the temperature of 

sensitive components, such as the photodiodes and the scintillation crystals, constant. 

Therefore, the heat producing amplifier circuits as well as the temperature sensitive devices 

are placed onto the detector arc’s base plate, which was composed of aluminium. An 

integrated water cooling system maintains the temperature of the base plate’s surface and 

realises an effective as well as homogeneous heat transfer.  

 

 

Fig 3: Photo of the opened detector arc. 
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This allows a nearly drift free operation of the measurement system under varying 

environmental conditions. For temperature monitoring during measurements 40 temperature 

sensors are applied, which are homogeneously distributed inside the detector arc. The 
137
Cs 

isotopic source which is currently in use has an activity of 165 GBq. The source has a 

diameter of 5.6 mm and a length of 12.9 mm and is contained in a double welded stainless 

steel capsule. This capsule is clamped on a chain and is located in a depleted uranium 

shielding container. The source can be moved outside the shielding container using a bowden 

cable. To restrict the radiation to a fan beam, a special collimator was fabricated out of the 

tungsten alloy Densimet
TM
 (Fig 4). The upper face of the collimator has the inverted shape of 

the shielding container’s front to guarantee a tight fixation of the source container to the 

collimator. This is necessary to keep radiation leakage low. At the front side a 46° wide sector 

slit forms the radiation fan. The slit height can be varied between 1 mm and 10 mm by 

additional tungsten plates in order to adjust axial resolution. 

 

 

Fig 4: Design and sketch of the isotopic source collimator. 

The measurement system resides on a gantry (Fig 5) that realises a vertical and a rotational 

positioning. Vertical positioning is possible within a range of 2200 mm. The rotating unit 

consists of a separable ring table on which source, detector arc and electronic components are 

placed. The ring table is fixed on a gear ring with an external tooth system guided in a roller 

bearing. A servo motor realises a continuous rotation of the ring table. Electrical slip rings 

mounted underneath the ring table drive deliver the electrical power to the ring table. 

The pulse counters of the detector electronics are completely read out after each angle sensor 

signal and the counter values are transferred via USB2.0 interface to an additional 

measurement PC, which is also placed on the ring table. After each tomography measurement 

the data can be transferred to a second, stationary PC via wireless LAN. An incremental angle 

sensor with 1000 steps per revolution provides angle signals to synchronise data acquisition 

with rotation. The rotational speed can be adjusted up to 2 rpm in small intervals. Typically, 

the rotational speed is set to 0.25 rpm to generate projection acquiring times of 240 ms and 

more than one revolution are achieved to obtain good measurement statistics. 
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a)  

 

b)  

 

Fig 5: a) 3D CAD drawing of the CT gantry and b) measurement’s arrangement on the ring table. 

 

3 IMAGE RECONSTRUCTION 

For a complete tomographic scan a count rate data set N = {Ni,j} is acquired from np = 1000 

angular measurement intervals, whereas i is the number of detectors (0Fi<320) and j is the 

index of the projection angle α with (0Fj<np) and α =  2π⋅j/np. To calculate the extinction 
sinogram E, there is generally a reference data set N

0
 required, which may be obtained from a 

single projection measurement with no object in the radiation fan or alternatively a complete 

scan of an object in a reference state, such as a vessel that is either empty or completely filled 

with a homogeneous substance. The extinction can then be calculated as 
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The sinogram is used as input for the reconstruction of the cross sectional image µ(x,y) of the 

gamma ray attenuation coefficient. One possibility to determine the void fraction distribution 

in the cross sections of the heated bundle quantitatively is the two-point calibration method. 

Here, additional scans must be obtained with 0% void (N
e
) and with 100% void (N

f
) in the 

bundle. Then the data sets can be scaled according to  
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where E
’
 is the extinction sinogram which is used to reconstruct a cross sectional void 

distribution µ(x,y) within the current measurement plane. There are two different types of 

computed tomography reconstruction algorithms. Analytical reconstruction algorithms aim at 

the inversion of the Radon transformation. For example, an algorithm called filtered back 

projection projects each extinction value back onto the image space according to the acquiring 

conditions. Afterwards, the image is filtered to compensate the error due to the transfer 

function of the back projection. This reconstruction technique is often used because of its 

short process time. Algebraic reconstruction algorithms solve the inverse Radon 

transformation on a discrete basis. Most of them are iterative techniques that construct a 

sequence of approximate solutions from an initialisation matrix. After each iteration step, the 

deviation with respect to the original extinction distribution is decreased. Because of the 

iteration steps algebraic techniques are slower compared to the analytical reconstruction 

algorithms. But it offers some advantages, such as implementation of a-priori knowledge or 

single area reconstruction.  

The accuracy of the measured void distribution depends on the measurement time, the spatial 

resolution of the detector arc, the measured object as well as the positioning accuracy and the 

repeat accuracy of the measurement system. The latter is defined by the thermal stability of 

the system, whereby the measurement system achieves a counting deviation of lower than 1% 

for varying temperatures and humidity. The measurement time is limited by the time needed 

to keep the test facility in steady state. Thus a statistical error occurs. Depositions inside the 

vessel are also problematic. Due to the fact that rods can change their position i.e. by thermal 

dilatation, they are no more locally invariant and thus the void determination inside the sub 

channels is influenced articulately.  

 

4 RESULTS 

First measurements showed that both calibration data sets accomplished at 25 °C (100% void) 

and 270 °C (0% void) offer local invariant parts which lead to inacceptable void measurement 

errors. Thus, another method was developed. Laboratory experiments with a mock-up, 

containing the original geometry as well as the material distribution of a typical fuel rod 

bundle were arranged. Fig 6 shows three reconstructed cross sectional images of the test 

section filled with gas, water and hexane respectively. To increase the radiographic efficiency, 

bags were reamed into the outer wall of the test bundle for each measurement plane. The 

pressure tank section was filled with water and therein four gas filled reference absorbers 

were placed adjacent to the milled-out portion. Hence, the attenuation coefficient of water and 

gas can be determined during the void measurement and thus, the calibration measurements 

can be cancelled. Another advantage of this method is that all required data may be 

accomplished at the same temperature and therefore density or length chances caused by 

temperature variations did not occur. Furthermore, a new developed scattering correction 

method that simulates the first gamma photon’s interaction with the object of investigation 

was executed onto the data to increase the measurement’s accuracy. The filtered back 

projection algorithm was used to reconstruct non superposed cross sectional images of the 
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gas, hexane and water filled rod bundle as shown in Fig 6. As you can see the absorption 

within the sub channels increases (decreasing brightness). Eventually, the hexane inside the 

sub channels was determined with a standard deviation of about 2%. 

 

 

a)  

 

b)  c)

Fig 6: Reconstructed cross-sectional images of the test section of 

a) gas filled, b) hexane filled and c) water filled. 

 

5 CONCLUSION 

Recently, a sophisticated high resolution gamma ray tomography measurement system was 

developed to determine void fraction distributions in different planes of thermo hydraulic test 

facilities for analysing new designs of fuel rod bundles. Therefore, a special gantry was 

designed to perform tomographic scans in different heights. The 2-D cross sectional void 

fraction distribution in the bundle can be determined using computed tomography 

reconstruction algorithms. Laboratory tests have shown that the CT system measures a given 

test substance in an authentic phantom with a standard deviation of 1.9%. In the future we 

will attend to optimise data evaluation and the acquiring time. 
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Abstract 
 
A sensor is presented that allows high-speed measurements of two-phase film flows. The sensor 
consists of electrodes flush to the wall that measure the electrical conductance in the liquid film. This 
novel sensor has a time resolution of 10 kHz and 64x16 measuring points with a spatial resolution of 
3.12 mm2 and a maximum film thickness range of 0.8 mm. The shape of the sensor electrodes is 
optimized by calculating the potential field of the liquid film. Dynamic measurements of co-current 
air-water flow in a horizontal channel with an obstacle have been conducted. The high time and 
spatial resolution allows a wave analysis over a wide range of wavelengths and wave velocities. 
Statistical analysis methods are presented to characterize the flow pattern e.g. for comparison with 
CFD simulations.  
 

1 INTRODUCTION 

A lot of research has been done in the area of film and annular two phase flow over more than 50 
years. A considerable amount of work was dedicated to droplet entrainment and deposition, wave 
properties and flow patterns. For these studies a variety of methods have been developed to measure 
the liquid film thickness dynamics. Among the experiments mainly four different principles are used: 

• Extraction 
• Photons 
• Ultrasound 
• Electricity 

 
Extraction 
The extraction method is used to investigate the total entrainment and deposition rate between the 
liquid film on the pipe wall and a droplet laden core flow. Usually the experimental setup consists of 
two porous circumferential rings flush to the pipe wall through which the liquid film is extracted. The 
first ring extracts the film to dry the wall. After a desired distance the second ring extracts the film 
that builds up between the two extraction rings by the deposition of the droplets (e.g. Assad, 1998).  
 
Photons 
Among the optical methods photography, absorption, fluorescence, diffraction and x-ray tomography 
are used, of which only the first three give sufficient spatial and time resolution to describe dynamic 
liquid films. Optical methods are generally non-intrusive and are able to deliver a high spatial 
resolution. 
Especially interesting because of the high spatial resolution is the laser induced fluorescence. 
Alekseenko (2007) recently presented the use of a 2-D LIF for the investigation of the wave evolution 
on liquid falling films with a spatial resolution of 0.1 mm. The time resolution is below 50 Hz. 
 
 



Ultrasound 
Two-phase film flow ultrasonic film thickness measurements e.g. were carried out by Kamei (1998), 
who measured the film thickness circumferentially with 40 positions on a simulated nuclear fuel rod 
with a time resolution of 250 Hz. The time of flight measurement was done with a 10 MHz source 
with 10 kHz emission frequency and a rotating “mirror” in the fuel rod. This method is non-intrusive, 
but has its limitations in the measurement of small film thicknesses as well as combining high time 
resolution with high spatial resolution. 
 
Electricity 
Electrical methods have been widely applied for many years in the area of air-water annular pipe 
flow. They are mostly based on the relationship between conductance and liquid film thickness 
between a pair of electrodes, in most cases flush to the wall. Therefore the liquid must be electrically 
conductive. For nonconductive liquids, there is the possibility of making use of the relationship 
between the electrical capacity and film thickness (Takahama,1980). Most of these methods are used 
for the research on two-phase annular flow (e.g. Sekoguchi, 1998). 
 
Compared to the other methods, electrical methods have generally the highest time resolution. If the 
electrodes are flush to the wall, this method is non-intrusive but limited for research on thick liquid 
films. It lies in the nature of this method that compared to optical methods the spatial resolution is 
limited, as will be explained later in this work. 
 
Purpose of this work 
Our own efforts were directed towards two-dimensional arrays of electrodes that are scanned by a fast 
multi-channel conductance measuring system. This method was developed by Prasser (1998) for 
wire-mesh sensors and proposed to be used for the signal acquisition of an array of 32x10 measuring 
points consisting of electrodes flush to the wall. Such a sensor with 5 kHz time resolution was 
developed by Belt (2007) and used for film thickness studies of annular flow in a vertical pipe.  
The present work aims at a perfection of this method in order to increase spatial and time resolution as 
well as sensitivity and measuring range of the film thickness for different areas of research.  

2 SENSOR CHARACTERISTICS 

2.1 Sensor Design 
The basic idea for the fast acquisition of time sequences of two-dimensional film thickness 
distributions is an array of electrode pairs mounted flush to the wall. When a voltage pulse is supplied 
to the first electrode (transmitter electrode) of each pair, a current flows to the second electrode 
(receiver electrode), that is put to zero potential. The current is depending on the thickness of an 
electrically conducting liquid film covering both electrodes. As shown in Figure 1 the two-
dimensional array is arranged in such a way that the transmitting electrodes are connected in one 
direction (transmitter lines), while the receiver electrodes are coupled perpendicular to this direction 
(receiver lines). The voltage pulses are supplied to the transmitter lines in successive order. During 
the excitation of each transmitter line, all currents arriving at the receiver lines are sampled in parallel. 
After the excitation of the last transmitter electrode, a complete matrix of primary measuring values is 
recorded. These values represent the conductance distribution in the liquid film on the sensor surface, 
which is the measure of the film thickness. 
 
The signal acquisition method used for this sensor is equivalent to the one of the wire-mesh sensors, 
which is described in detail in Prasser (1998). A special feature of the wire-mesh electronic circuitry 
is the low impedance of transmitter driver and receiver pre-amplifier cascades, which guarantees that 
the potential at all non-activated transmitter electrodes and all receiver electrodes remains very close  



 to ground potential. This is an important 
feature to suppress cross-talk to far located 
receiver electrodes, as discussed in Prasser 
(1998). 
It lies in the nature of electrodes mounted 
flush to the wall, that there is a non-linear 
relationship between measured conductance 
and film thickness. Due to the fact that the 
potential field has a higher concentration in 
the region close to the wall, the sensor 
becomes less sensitive with growing film 
thickness. For thick films a saturation of the 
measured conductance is reached, which 
limits the range of the film thickness 
measurement. The dependence between film 
thickness and conductance (sensor 
characteristic) is influenced by the geometry 
of the electrodes. 

This led us to the point of modeling the potential field in the liquid film on top of the sensor for 
optimizing shape and size of the transmitting, receiving and grounded electrodes to achieve the 
following characteristics: 

• quasi linear sensor characteristic for low film thicknesses  
• high measurement depth 
• minimization of signal delocalization (“cross-talk”) 
• high spatial resolution 

In the course of this optimization, technological limits of the PCB-production had to be considered as 
boundary conditions. 
 
The calculation of the sensor characteristic is done by solving the three-dimensional potential 
equation within the liquid film on top of the sensor electrode system. The calculation domain is a 
parallelepiped with the bottom face representing the electrode geometry of the sensor. Independent 
from the individual electrode shape, which is subject to the discussed optimization, the sensor is a 
two-dimensional matrix of electrode pairs, between which the conductance measurement takes place. 
The domain is discretized into a three-dimensional matrix of finite elements of cubical shape. The 
steady-state potential equation is solved with the method of finite differences. The calculation of the 
potential field is carried out for various film thicknesses. The electric currents at the different 
conducting areas are obtained from the potential field gradient integrated over the surface of the 
respective electrode. Symmetry relations were used to define a cutout of the sensor geometry that 
reflects the potential field of the whole sensor with a sufficient accuracy. In this way calculation costs 
can be kept bearable. 
The results are based on a discretization step width of 50 µm of the calculation domain. The electrode 
surface is discretized with about 120 x 30 finite elements. The highest number of volume elements 
(~150000) is reached at maximum film thickness of about 40 elements. The number of elements 
slightly depends on the studied geometry. 
 

 

Fig.1: Circuitry of the sensor matrix 
 



Certain principles become obvious from the optimization of the sensor geometry: 
1. With increasing distance between the electrodes the saturation film thickness increases 

(Figure 2). A limitation is set by the desired spatial resolution within the sensor plane, which 
decreases with increasing electrode distance.  

2. The shape of the ground influences the shape of the sensor characteristics. Generally it can be 
stated that the further the ground reaches into the insulating gap between the electrodes, the 
higher is the saturation film thickness. On the other hand these grounded “noses” may cause a 
concave characteristic for small film thicknesses (Figure 3). There is a technological 
limitation from the production of PCBs that require a minimum radius of conducting surfaces. 

3. By narrowing the shape of the electrodes towards each other the saturation film thickness 
increases (Figure 4). This effect is mainly caused by the increase of the specific ground area 
between the electrodes. The main limitation in this case is the production of the PCB. 
Because the electrodes need to be contacted to a lower layer of the multilayer PCB, the 
electrode shape has to contain at least a circular area of the minimum cross section of the 
layer connection, which corresponds to a diameter of 1 mm for the applied PCB technology. 
Further there is a minimum radius required for the production of the electrode surface. 

 
Derived from these principles the electrode geometry of the developed sensor consists of circular 
electrodes with a medium sized “ground nose” (Figure 5). This leads to an almost linear sensor 
characteristic for low film thicknesses and a fairly high saturation film thickness in relation to the 
spatial resolution.  
The sensor presented in this work consists of electrodes arranged in 64 lines with 16 pairs of 
alternating transmitter and receiver electrodes. The electrodes are spaced 1560 microns apart from 

  
Fig. 2: Sensor characteristic with varying distance 

between the electrodes 
Fig. 4: Sensor characteristic with varying shape of 

the electrodes 
  

 
Fig. 3: Sensor characteristic with varying ground 

area between electrodes 
Fig. 5: Picture of sensor surface  

  



each other which leads to a spatial resolution of 3120 microns. The wire mesh electronic is able to 
sample the whole sensor matrix (frame) of 64x16 measuring points in 0.1 ms. 
The “cross-talk” is the electrical current flowing between transmitting and far situated receiving 
electrodes. This means, that the measuring volume is increased in such a way, that the data is 
“smeared out” between the measuring points. This undesired effect received special attention during 
the electrode optimization. For the present sensor the calculations show, that the error caused by 
cross-talk is at most 0.5% of the value measured by the electrodes close to the transmitter electrode.  
 

2.2 Calibration 
For the calibration degassed water was filled in a basin in which the sensor was pressed on a stiff 
aluminum plate. Above the sensor a glass plate was moved vertically up and down by three 
micrometer screws in nine equidistant steps from 0 to 800 microns (Figure 6). Further the saturation 
current of the sensor was measured with a film thickness higher than 1200 microns, which is used to 
normalize the calibration. The calibration was done for eleven different water conductivities ranging 
from demineralized water (0.001 mS/m) to tap water (0.3 mS/m). 
The shape of the sensor characteristic received by this method (Figure 7) is close to the calculated 
characteristic of the potential field calculation. The offset at zero film thickness originates from a very 
thin water film that remains between the glass plate and the sensor. 
The calibration results show a standard deviation over time of less than 3%, which is mainly a result 
of electrical noise. There is however a significant scattering of the sensor characteristic over the 
sensor matrix, which is mainly a result of the electronics. This scattering makes a calibration for each 
measuring point necessary. 
As mentioned before the calibration was carried out for different water conductivities. Except for 
water with low conductivity the shape of the sensor characteristic does not change significantly with 
the water conductivity. The deviation for low conductive water is caused by the higher amplification 
in the electronics.  
The results of this calibration are used for the calculation of the film thickness from the primary 
measuring data of dynamic liquid films. A 4th grade polynomial is fitted to the nine points (inversed 
from Figure 7) for each measuring point in the calibration by a curve fitting algorithm. Because the 
shape of the polynomial does not change with the water conductivity, it can be scaled by the ratio of 
the saturation currents of the calibration and the measurement. This way the calibration can be used 
for a wide range of water conductivities. 
The accuracy of the calibration was evaluated on data from a repeated calibration experiment. This 
evaluation shows that for film thicknesses up to 500 microns an absolute accuracy of 20 microns is 

 
Fig. 6: Experimental setup for sensor calibration Fig. 7: Calibration result of the averaged sensor 

characteristic. Error bars indicate the deviation of 
the characteristic over the sensor matrix. 

  



achieved for static films with the applied calibration method. For film thicknesses up to 800 microns 
the accuracy is reduced to 50 microns due to the reduced sensitivity of the sensor close to saturation. 

3 EXPERIMENTS 

3.1 Setup 
The experimental setup for the dynamic film thickness measurements consists of a fan blowing 
through a test section, which is a cross sectional square (50x50mm) acrylic glass channel (Figure 8). 
The water injection is 500 mm behind the inlet of the acrylic glass channel. The sensor is mounted 
flush to the inside wall 2700 mm downstream of the water injection. A special module injects tap 
water directly as film on the bottom wall. Behind the sensor the acrylic glass channel continues for 
approximately 500 mm before entering a tank for air-water-separation. Because the sensor is sensitive 
to changes of water conductivity, it is checked throughout the measurement. The flow rate of the 
water is measured by a rotameter, whereas the flow rate of the air is measured with an Accutube® 
based on the principle of a Pitot tube.  
For the investigation presented in this work a plate (60x50x2mm) is mounted vertically centered 
above the sensor with an angle of 30°. The tips of the plate are 10 mm from the bottom (respectively 
top) wall, so that the obstacle is not in contact with the liquid film (Figure 9). Hence the air flow is 
accelerated below the obstacle influencing the liquid film flow. The flow geometry has been chosen 
because it generates a changing shear stress at the gas liquid interface due to the acceleration of the 
gaseous phase, which is a typical challenge for the modeling of functional fuel rod spacers equipped 
with vanes. 

3.2 Experimental Conditions 

All measurements where carried out under adiabatic conditions at a temperature of 20°C and an 
ambient pressure of 980 hPa. Tap water was used for the liquid film with a conductivity of 0.3 mS/m. 
The fluid velocities were varied with 10, 15, 20 m/s for the superficial gas velocity and 0.003, 0.005, 
0.007 m/s for the superficial liquid velocity. Experiments were conducted with all velocity 
combinations.   
In this paper only the experiment with 10 m/s superficial gas velocity and 0.003 m/s liquid velocity is 
presented because these conditions have the lowest computational cost in future CFD simulations. 

 

Fig. 8: Experimental setup for dynamic film 
thickness measurements 

Fig. 9: Testsection 

  



 

4 RESULTS AND DISCUSSION 

Three methods are presented to distinguish the liquid film properties qualitatively and quantitatively, 
which might be applied for the comparison of experimental data and future CFD simulations: 

• appropriate visualization for qualitative comparison 
• mean film thickness 
• wave propagation velocity 

These methods have been applied to the experimental data to check their capability of characterizing 
and analyzing the flow. 

4.1 Visualization 
The 3D-bird view (Figure 10) of the measured data  
shows following basic flow phenomena: 

• the water film accumulates upstream of  the 
obstacle (measuring point 64 to 52) 

• the water film is thin under the end tip of the 
obstacle (measuring point 40 to 35) 

• waves are generated downstream of the 
obstacle (measuring point 35 to 1) 

For a qualitative comparison of wave velocities and 
wave length in longitudinal direction, one longitudinal 
line from the center of the sensor is chosen to be 
visualized (so called wave graph). The data from this 
line is then plotted for a certain instant as a function of 
the axial position. This kind of line plot is repeated for 
a series of successive instants (Figure 11).  
It can be seen from the wave graph that from a 
qualitative point of view the wave velocity behind the 
obstacle is high close behind the obstacle and slowing 
down the further the waves propagate away from it.  

4.2 Mean film thickness 
The mean film thickness is calculated by averaging the 
film thickness at each point along one longitudinal line 
over the whole measurement duration. Figure 12 
shows, that the water accumulates upstream of the 
obstacle. By the acceleration of the air under the 
obstacle the film thickness decreases until it passes the 
obstacle. Downstream of the obstacle the film 
thickness increases again. This is most probably due to 
the slowdown of the air flow. 
It should be noted, that the second minimum at 
measuring point 40 is caused from a vortex in the air 
behind the obstacle. This vortex is visible during the 
experiments from the droplet motion at the side wall 
of the test channel.  
 
 
 

 
 

Fig. 10: 3D bird view of measured data 
 



4.3 Wave Analysis 
As the surface wave properties of the liquid film are dependent on air and water velocity of the flow, 
the wave velocity, wavelength and wave frequency is from our point of view a distinct statistical 
property for the validation of CFD codes. 
As it is know from literature, most wave patterns of high Re-number can be usually divided in ripple 
and disturbance waves (also called “roll waves”), which are propagating with different velocities. 
With the availability of high sampling frequency and good spatial resolution of our new sensor, we 
developed a method based on the continuous wavelet transform (CWT), to determine wave frequency 
resolved wave velocities.  
The liquid film can be seen as a variety of waves consisting of different frequencies, velocities and 
lengths interfering with each other. These wave properties are time dependent. Hence a global view of 
the dynamic wave structure can only be achieved by a time and space resolved description of each 
wave. The CWT, as described below, is an elegant method for this kind of time resolved wave 
frequency analysis. It is based on Equation(1).  
 

 ( ) 1, ( ) tC s x t dt
ss
ττ ψ −⎛ ⎞= ⋅ ⎜ ⎟

⎝ ⎠∫  (1) 

 
From a practical point of view the CWT is similar to a cross correlation between the measured signal 
x and an artificial function ψ, the so called mother function.  
This mother function has generally a mean of zero. In the analysis presented in this work, the mother 
function is a so called “Mexican hat” (Figure 13).  
By scaling this function with the scale s, which is the reciprocal to the frequency, and integrating it 
over time, it filters the according frequency at the time τ. The received value is standardized by the 
reciprocal of the square rooted scale to receive the so called continuous wavelet transform coefficient 
C. For a deeper understanding of the wavelet transform the reader is referred to Farge (1992). 
Compared to the (Short) Fast Fourier Transform the CWT has the advantage of receiving additional 
information of the occurrence time of the wave of a certain frequency, because the resolution of the 
occurrence time is adapted to the frequency of the analyzed wave. Further the wavelet transform 
allows filtering the signal with a shape that is closer to the shape of the wave than a sinus curve. 
 

 
Fig. 11: Wave graph of measured data Fig. 12: Mean film thickness of one longitudinal line 

  

Obstacle Obstacle 



 
The CWT presented in this work is carried out in the time domain, because the spatial resolution does 
not enable a precise analysis of the wavelength. Hence the wave frequency and wave velocity are 
calculated first. The wavelength can then be calculated with Equation (2). 
 

 c fλ= ⋅  (2) 
 
The CWT in this work is used in its discretized form (Equation (3)): 
 
 

 ,j k i
i

t i jC x
k k

ψΔ −⎛ ⎞= ⋅ ⎜ ⎟
⎝ ⎠

∑  (3) 

  
The time step Δt is 0.1ms corresponding to the maximum measurement frequency of the sensor. 
Figure 14 displays exemplary a time signal of one measuring point with the CWT coefficients C of 
different scales ranging from 1 to 14 ms (k=10, 20, 30,40,…140).  
After the CWT of the experimental data received by the sensor, the cross correlation of the CWT 
coefficients of two consecutive measuring points Cm and Cm+1 is calculated for each scale to receive 
the cross correlation values f of the signal at an instant l (Equation (4)).The wave velocities c are then 
calculated according to Equation (5) for different scales, instants and measuring points. 
 

  

Fig. 13: Mexican hat function  

Fig. 14: CWT signal resolving for different scales 
in [ms] 

Fig. 15: PDF of wave velocities for different 
scales  
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For a stable solution of the time shift j with maximum f some boundary conditions had to be defined:  

• The wave velocity is always in the direction of the gas flow (j > l).  
• The range of the cross correlation is adapted to ten times the scale k of the wavelet transform 

to ensure that there is enough, but not too much signal available. 
• To avoid the cross correlation of noise, the signal is only correlated, when the CWT 

coefficient at time l exceeds the mean absolute value of all CWT coefficients. Hence the 
velocity of the wave is analyzed from the extreme values of the waves.  

The velocity is calculated for each scale on each measuring point along a center longitudinal line with 
a 5 ms time step (l=0, 50, 100,…) to keep calculation cost bearable. Figure 15 displays an example of 
the velocity distribution of one measuring point over the measuring time.  
Figure 16 shows the results of the method described above applied to the measured data. From the 
measurement it can be seen, that small waves (1 ms scale) almost maintain their velocity over the 
whole length of the sensor. Waves with a scale of 7 ms speed up under the obstacle and slow down 
behind it. For bigger waves (14 ms scale) the same effect is seen.  

 
 

Fig. 16: Wave velocity for different scales: measured data (black) and simulation data (grey). No 
waves are existing upstream of point 30 due to stationary inlet conditions. 



 

5 CONCLUSION 

A novel sensor based on the conductance method is presented that allows high-speed measurements 
of liquid film flows. This sensor has a time resolution of 10 kHz and 64x16 measuring points with a 
spatial resolution of 3.12 mm2 and a maximum range of the film thickness of 0.8 mm.  
Design principles are derived from the calculation of the potential field in the liquid film to optimize 
the electrode geometry. Various liquid films of known thickness have been imposed on top of the 
sensor to determine the sensor characteristic experimentally. The result is generally in good 
agreement with the calculated sensor characteristic. The sensor characteristic is further almost 
independent from the water conductivity and thus scalable by the saturation film thickness. Therefore 
the data of dynamic measurements is calibrated for each measuring point individually.  
 
Visualization and statistical methods were used to characterize the film flow phenomena around an 
obstacle in a cross-sectional square channel. Among the statistical evaluation a new method based on 
the continuous wavelet transform (CWT) in combination with a cross-correlation has been applied, 
which takes advantage of the high time and good spatial resolution of the sensor. In this way scale-
dependent wave velocities are calculated.  
These methods were developed and tested on the experimental data and might be suitable to compare 
transient experiments and calculations, which by their chaotic or, respectively, stochastic nature 
cannot be compared directly in the time domain. Especially the wavelet analysis seems useful as a 
way of a "higher order" comparison that can be used to perform very sensitive checks of the 
performance of the theoretical models. 
 
CFD validation with the data of the experiments described in this paper will be conducted with a 
URANS heterogeneous flow field model and LES. From the experience, which is being collected 
during preliminary simulation of the film flow so far, it becomes obvious, that the area around the 
interface has to be very well resolved to reach numerical stability. This implies that the time step has 
to be very small to satisfy the Courant criteria. Because of the need of transient simulations for the 
CFD validation, the simulation of annular flow has extremely high computational costs.  
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ABSTRACT 

 

Electron beam X-ray CT is a new technique for a fast measurement of multiphase flows with frame rates of 

1000 images per second and more. It gives, in principle, quantitatively accurate images of the flow at high 

spatial resolution and it is non-intrusive since moderately radiation absorbing vessel walls can be penetrated 

by X-rays. However, on the road to a technical realisation of such a technique within a computed 

tomography system many problems have to be solved. As a first prototype for scientific flow measurement 

studies we devised and built a fast scanned electron beam X-ray tomography scanner. The scanner consists 

of an electron beam unit that can be operated at up to 150 kV acceleration voltage and up to 65 mA electron 

beam current, with the required electron optics for beam adjustment, beam focussing and beam deflection 

unit and a fast circular CZT detector comprising 240 elements of 1.5 mm x 1.5 mm x 1.5 mm active pixel 

area. X-ray radiation is produced on a circular water cooled tungsten target The CT system achieves up to 

7000 frames per second with a spatial resolution of 1 millimetre. First two-phase flow experiments have been 

carried out on gas-water flows in bubble columns. On the basis of these data we developed image processing 

algorithms which enable to extract information on bubble shapes, bubble size distributions and interfacial 

area density distribution. Further, a vertical test section made of titanium alloy has been installed at the 

TOPFLOW facility and will be used in the future to study the evolution of two-phase gas-water pipe flow at 

high pressures and temperatures. 

 

Keywords: Two-phase flow, electron beam tomography, CFD code validation  

 

 
 
1. INTRODUCTION 

 
Two-phase flows are of primary importance in the understanding of thermal hydraulic phenomena in nuclear 

light water reactors. The qualification of CFD codes for the simulation of stationary and even transient two-

phase flows in complex three dimensional geometries requires extending our knowledge toward the details 

of the flow structure under various thermal hydraulic conditions. At Forschungszentrum Dresden-Rossendorf 

the thermal hydraulic test facility TOPFLOW is currently extensively used to conduct two-phase flow 

experiments which aim at the disclosure of fine flow structure details in generic and also more complex 

geometries. Especially for upward adiabatic two-phase pipe flows in the bubbly to churn turbulent flow 

regimes valuable experimental data of the flow structure was generated in the past using the wire-mesh 

sensor technology. Wire mesh sensors have been extensively used for gas-liquid two-phase flow studies in 

the past. Their design and functional principle is described in detail elsewhere [1]. Basically, a wire mesh 

sensor is a set of thin electrode wires stretched across the pipe diameter in a mesh like fashion. Fast electrical 

conductance measurement between crossing wires enables recording cross-sectional phase distributions in 

the flow with temporal resolution in the range of 10.000 frames per second at about 2 mm spatial resolution. 

A known drawback of the wire mesh sensor is intrusiveness. The sensor changes the flow structure 

especially for low liquid velocities and consequently it cannot be applied in all scenarios of two-phase flow, 

especially if phase fraction measurement accuracy is required, as is the case for CFD code validation. 

Consequently, we have recently extended our measurement technology for two-phase flow to high-speed X-

ray tomography which offers non-intrusive flow measurement at a speed comparable to the wire-mesh sensor 

[2], [3], [4], [5]. X-ray CT as an imaging modality is highly advantageous due to its non-invasiveness and its 

ability to penetrate opaque wall materials. One essential disadvantage of classical CT systems is the 

requirement for a rotating object or source-detector setup. To measure multiphase flows in a flow velocity 
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range of up to 1 meter per second frame rates of up to 1000 frames per second are required. To achieve this, 

mechanically rotating parts are to be avoided. Scanned electron beam technology provides a mean to 

circumvent this problem. Instead of mechanical rotation of scanner components an electron beam is rapidly 

swept across an X-ray target using deflection coils. This technology has been introduced in medicine more 

than two decades ago were it is mainly used for cardiovascular diagnostics [6], [7]. However, medical 

systems with frame rates of about 20 fps are still too slow for technical flow diagnostic problems. For that 

reason we have developed a scanned electron beam X-ray apparatus which can today already perform cross-

sectional imaging at high frame rates and will in the future be extended to other measurement features, such 

as multi-plane tomography, phase velocity measurement, higher scanning diameters and high energy X-rays. 

In this paper we introduce the scanner design, discuss major performance parameters along with an 

application example and show how this scanner will be applied to air-water and steam-water two-phase flow 

measurement in a vertical test section of the TOPFLOW facility. 

 

 

2. SYSTEM DESIGN 
 

The block scheme of the scanned electron beam X-ray CT system is shown in figure 1. Essential components 

are the electron beam generator, a metal target for X-ray generation and a fast multi-channel X-ray detector.  

 

 

Fig. 1: Block scheme of scanned electron beam X-ray CT. 

 

 

The electron gun produces an electron beam with maximum beam current of 65 mA at 150 kV acceleration 

voltage. The beam is focused on a tungsten target at the far end of the beam column. Focussing and centring 

is performed by separate beam optics. An x-y-deflection system consisting of deflection coils and associated 

fast high-current amplifiers periodically sweeps the beam on the target along a well defined path, thus 

producing a moving X-ray source of less than 1 mm diameter (Fig. 2). Maximum sweeping frequency is 

10 kHz. A maximum sweeping range of ±15° with respect to the undeflected state in both directions is 
possible. For optimum electron beam generation the vacuum enclosure is kept at 1 Pa pressure by operation 

of a turbo molecular pump. 

The far end of the electron beam column has been designed in a horse shoe shape and contains the X-ray 

metal target. We currently employ a semi-circular ring target of 240° opening angle and 250 mm diameter, 
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which is similar in shape to conventional electron beam tomography targets. Other targets, especially for 

multi-slice CT, are in preparation. The target is inclined at 30° to the beam axis. In this way it is for instance 

possible to perform scans on a vertical pipe that runs through the opening in the horse shoe scanner head (fig. 

3). The current design enables imaging objects of up to 130 mm diameter. Target cooling is provided by 

means of a cooling water loop located at the top of the beam column. To easy beam positioning inside the 

vacuum chamber we provided electron catcher strips in the target region which are used for beam monitoring 

via time resolving charge detectors and additionally we installed a camera inside the beam column to 

visualise the focal path of the electron beam. The X-ray exit window is made of 0.7 mm thick aluminium.  

 

  
 

Fig.2: Operating principle of the scanned electron 

beam X-ray tomograph. 

Fig.3: Photography of the mounted apparatus at a 

vertical test section of FZD’s TOPFLOW two-phase 

flow test facility 

 

The X-ray detector is arranged in a circular manner along the inner wall of the horse shoe enclosure in 360°. 

It has a slight axial offset of approximately 5 mm from the source path. It consists of 240 CZT detector 

elements, each of 1.5 mm x 1.5 mm x 1.5 mm size. The detector ring is made separable for easy removal and 

mounting about objects. The detector elements are operated in current mode with gain selectable amplifiers. 

This allows us to choose an optimum operating speed and integration time constant for the given imaging 

problem. The amplifiers are followed by 12 bit analog-to-digital converters which are controlled by a single 

microcontroller. Data from the converters are fed into a temporary data RAM of 4 GByte size. Maximum 

sampling rate of the detectors is 1 MSample/s at 500 kHz amplifier bandwidth and the electronics can 

operate up to 512 detectors in parallel at full 1 MHz sampling rate. The clock signal for data acquisition is 

generated by the detector controller and synchronised with the analog signal input from the deflection coil 

amplifier electronics. Communication between PC and detector electronics as well as the measurement data 

transfer is done via USB 2.0 interface (Fig. 4). 
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Fig.4: Schematics of the fast X-ray detector electronics. 

 

The scanner is controlled by a 19” industrial PC that resides in an industrial control rack. This rack further 

includes the vacuum pump controller, focussing and deflection amplifiers and the high voltage control. The 

control software has been developed with LABVIEW and implements the following functions: 

 

• Control of vacuum pump and vacuum monitoring via vacuum gauge, 

• Control and monitoring of the high-voltage generator, 

• Steering of the beam focusing and deflection system, both done by 16 bit 1 MSample/s digital-to- 

analog converter cards, 

• Control and read-out of the X-ray detector. 

 

3. DATA PROCESSING 
 

Once a scan has been performed and data has been transferred to the PC the data is pre-processed and 

reconstructed according to the classical image reconstruction principles of CT [8]. The raw data is given by 

the binary detector readings, that is, 240 12bit integer values for each temporal sampling step of the detector. 

This data sequence is first broken into sets of size ND × NT where ND=240 is the number of detectors and NT 

the number of equidistant temporal points for a complete electron beam revolution. Next the data of each 

frame is mapped from the temporal domain into the angular domain of the target. That is, we calculate a 

projection data matrix of size ND × NS where NS is the number of equidistantly distributed source positions 

on the target. Note, that this transformation is a comparatively complex nonlinear one which is necessary due 

to the fact that the source trajectory on the target is a cut of a skewed elliptical cone. Now the data can be 

resorted into a fan beam data set as for a conventional CT scanner. Thereby, we discard all data from source 

positions outside the valid angular scanning range of 240°. For the fan beam data of each frame the line 

integral X-ray attenuation values are calculated according to 
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Here, I denotes X-ray intensity, i and j are the indices of detector and projection, superscript (d) denotes a 

previously acquired dark reference and (0) a previously acquired reference measurement with no object in 

the tomographic cross-section. Eventually the data is reconstructed by the fan-beam reconstruction 
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algorithm. In our software implementation we reconstruct the data on a 128 x 128 pixel grid using a 

Hamming window smoothed ramp filter for restoring the image from the unfiltered backprojection. Data 

processing and image reconstruction takes about 2 s for one frame. Thereby the scanner allows us to scan the 

flow for as much as 10 s overall time with a temporal resolution of 1000 frames per second. Thus, the data is 

acquired at full speed and data processing needs to be performed in an offline mode after the scan. 
 
 

4. SCANNER PERFORMANCE AND APPLICATION EXAMPLE 
 

4.1. Scanner parameters 
 
Spatial resolution within the reconstructed images has been determined from the edge of a scanned 

object as shown in fig. 5. The figure shows the modulation transfer function from a grey value 

profile along a horizontal line through one of the edges of the object. As a result we obtain a value 

for the spatial resolution of the scanner of 0.51 line pairs per millimetre at 10% MTF. 
 

 
 

Fig.5: Modulation transfer function obtained from a reconstructed object edge. 

 

Figure 6 shows results of a reconstruction of a different phantom containing four cylindrical 

absorbers of 8 mm diameter and different attenuation. They were scanned with 1 kHz frame rate 

and figure 6 bottom shows the corresponding time sequence of the grey values of selected pixels 

from each of the absorbers and a background pixel. From the plot we may obtain the temporal 

measurement uncertainty for a single pixel which is numerically summarized in Table 1. The 

measurement uncertainty for the short term variations comes mainly from the limited photon 

statistics in the 1 µs integration window of a single frame. For the case of discrimination of pure 

water (pixel number 2) from air (pixel number 1) we obtain a standard deviation of 3.3% relative to 

the mean attenuation difference between water and air. This shows a good discrimination capability 

of the tomographic scanner for the case of water-gas two-phase flow measurement. 
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Table 1: Mean and standard deviation of pixel values in Fig. 6. 

 
Pixel number Mean value Standard deviation 
1 1.3 0.49 
2 10.4 0.34 
3 21.8 0.37 
4 32.8 0.45 
5 40.2 0.43 

 

 

 
Fig. 6: Image noise assessment: In the top the phantom with four tubes filled with four different 

substances along with a reconstructed slice image are shown. The bottom plot shows the temporal 

values of the central pixel of each absorber and one background pixel. The histograms at the right 

illustrate the spreading of the reconstructed attenuation coefficient. 



7 

4.2 Stability of X-ray generator and detector system 

 
The stability of the tomography system is determined by spatial stability of the electron beam (i. e. 

positioning accuracy on the target) and by the drift behaviour of beam generator and X-ray detector. The 

acceleration voltage fluctuation caused by electromagnetic influence is given by the manufacturer of the 

electron beam gun to 2% max. This leads to slight chromatic aberration of the beam and an error of 

positioning of the electron beam. For the smoothness of the electron beam current the ripple of the Wehnelt 

voltage is to be considered only, because the cathode is indirectly heated by electron bombardment. The 

Wehnelt ripple is about 0.3%. Together with the 2% ripple of acceleration voltage the positioning error is 

about 1.5 millimeters maximum on the target. Long term stability of the specifications is given to 1% within 

8 hrs. The temperature drift of the X-ray detector is about 3% within 1 hour. Because of the very high 

measuring speed all required data sets (including reference) were recorded within a few minutes and 

therefore these drifts are out of scope for data acquisition. Concerning the absence of space for a collimator 

between the CdZnTe crystals in the tomograph´s head there is an error due to the incidence of scattered X-

rays which is estimated to 5%. 

  
 
4.3 Two-phase flow application example 

 

An essential application example is a two-phase flow in a bubble column like vessel. The column 

we used was of 60 mm inner diameter and 500 mm height and made of Perspex. Gas was injected 

at different flow rates from the bottom by a single injector needle in stagnant water, and the 

measurement was performed 150 mm above the bottom of the vessel. Fig. 7 shows the extracted 

gas-liquid interfacial area in an extra three-dimensional volume plot of the column for three flow 

rates. The scan was performed at 5000 frames per second for 0.5 s scan duration. As can be seen all 

bubbles are well resolved and even thin liquid film between the single bubbles can be recognized. 

  

CT imaging
plane
CT imaging
plane

 
 

 

Fig. 7: Photography of bubble column and three-dimensional phase boundary plot of the gas phase 

in the bubble column for three different flow rates. The sequence has been synthesized from 500 

slice images. Note that the vertical coordinate has the dimension of time. 

 

5. TWO-PHASE FLOW MEASUREMENTS AT THE TOPFLOW FACILITY 
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For the future two-phase gas-liquid flow measurements at the TOPFLOW facility (Transient Two-Phase 

Flow Test Facility) at FZD are planned. Targets are air-water and steam-water two-phase flows in a vertical 

pipe of DN50. The objective of these studies is the investigation of the flow evolution for different gas and 

liquid superficial velocities and a comparison of steam-water with air-water flows. The new X-ray 

tomography scanner now for the first time enables to perform a quasi-continuous axial measurement of phase 

fraction distributions with no intrusion and corresponding flow disturbance. To perform measurements with 

the scanner a vertical manipulator has been erected around the test section, which can lift the scanner into 

any required measurement position along the 4.2 m lengths of the pipe. The manipulator includes an 

elevating system driven by a stepper motor, and a mounting bracket to hold the CT-scanner in position (Fig. 

8). The elevator is 1.5 m x 1.5 m wide and 6 m tall. The sliding carriage can be moved from position 0.5 m to 

position 4.5 m. It reaches a vertical translation velocity of 0.5 meter per second maximum. For radiation 

protection a casing made of 6 millimetres lead walls is mounted around the scanner. To balance the resulting 

heavy mass a counterweight is mounted on the elevator. 

The test section is made of titanium alloy with 1.5 mm wall thickness, which is sufficient to withstand the 

nominal maximum pressure of 7 MPa inside the test section during steam experiments. At the bottom a 

multi-hole gas injection device is installed which enables homogeneous injection of small gas bubbles across 

the cross-section of the pipe. The gas injection device is a complex weldment made of stainless steel. It 

comprises 40 cannulae which are feed with gas from several ring chambers (Fig.9). The ring chambers can 

be activated separately to adjust the amount of gas bubble rate. In between the ring shaped gas chambers the 

water can flow continuously. Thus we get a well rectified, homogenous gas-water flow whose flow rate can 

be varied. Downstream the injector the flow will develop into its characteristic flow regime, which may be 

bubbly, churn, slug or annular. The X-ray tomography measurement begins directly at gas injection level. By 

moving the CT-scanner vertically along the pipe and scanning at arbitrarily selected levels we get complete 

data sets of the developing flow regime. For data processing additional software has been implemented, 

which enables segmentation of gas bubbles and measurement of volume and equivalent diameter. The 

statistical bubble data will then be compacted to radial gas fraction profiles which disclose the action of non-

drag bubble forces and their role within the flow structure development. These data will in the future further 

be used to develop and improve models for bubble force balances in bubble and churn flow and help to 

validate two-phase flow CFD code predictions. 
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Fig.8: Photography of the elevator system with CT 

scanner in lower position. (lead casing removed). 

Fig.9: CAD drawing of multi-hole gas injection 

device. 

 
 
6. CONCLUSION  
 

An ultra fast electron beam X-ray CT scanner for multiphase flow measurement applications has 

been designed, built and tested. The scanner comprises an electron beam generator with 150 kV / 

10 kW high voltage supply, beam focussing, centring and deflection system, a semicircular X-ray 

production target made of tungsten alloy, and a 240 element CZT X-ray detector with fast data 

read-out. In scanning mode the beam is circularly guided across the target to produce a rapidly 

moving X-ray spot. The detector has a sampling rate of up to 1 MSample/s. After proper dark and 

reference calibration the data is processed by standard computed tomography algorithms based on 

the filtered backprojection technique to produce time series of cross-sectional images. The 

maximum frame rate of the scanner is so far at about 7 kHz, limited by the capability of the 

deflection coil amplifiers to adjust the required elliptical beam deflection pattern. The spatial 

resolution in the images has been determined as 0.51 lp/mm at 10% MTF. Further, the noise floor 

in the images is about 3% with respect to the mean attenuation coefficient of water. First scans on a 

water-gas two-phase flow have proven the functional principle of the scanner.  
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Abstract  
 

The paper presents CFD code validation and benchmarking against the NUPEC BFBT (BWR Full-

Size Fine-Mesh Bundle Tests) data, performed within the OECD/NRC BFBT void distribution 

benchmark and as part of the NURESIM (European Platform for Nuclear Reactor Simulations) 

Integrated Project.  

Sub-cooled flow boiling occurs in many industrial applications and is characterized by large heat 

transfer coefficients until reaching the critical heat flux (CHF) condition. This phenomenon is a crucial 

design limitation factor in water cooled nuclear reactors, since it causes a rapid heater temperature 

excursion which potentially leads to heater melting and destruction.  

A common objective of NURESIM IP and BFBT Benchmark is to improve the use of two-phase CFD 

codes as a tool for understanding boiling flow processes, in order to subsequently help new fuel 

assembly design and to develop better CHF predictions. In this framework, numerical simulations of 

sub-cooled boiling in BWR fuel assembly were performed with NEPTUNE_CFD and ANSYS CFX 

codes. Sensitivity studies on problem parameters led to satisfactory overall void production, with some 

differences in the vapour distribution through the section probably due to the absence of spatial grids 

in the model. Further investigations should focus on non-drag forces modelling and grid refinement. 

 

1.   INTRODUCTION  

Sub-cooled flow boiling occurs in many industrial applications and is characterized by large heat 

transfer coefficients. However, this efficient heat transfer mechanism is limited by the critical heat flux 

(CHF) where the heat transfer coefficient decreases leading to a rapid heater temperature excursion, 

which potentially leads to heater melting and destruction. The critical flux phenomenon in forced 

convective boiling is a design limitation factor in water cooled nuclear reactors, since ensuring the 

integrity of fuel rods in the core is a primary issue for nuclear reactor safety. CHF in LWRs is 

currently estimated by empirical correlations, with limited applicability to specific conditions and 

geometries, and expensive full-scale measurements. To overcome these problems and improve two-

phase flows modelling, it is desirable to develop a mechanistic approach able to predict CHF 

conditions in a boiling channel based on local parameters. The need to refine models for best-estimate 

calculations has already been expressed in many recent conferences in the field of nuclear applications. 

Moreover, these needs should not be limited to the currently available macroscopic methods but should 

be extended to next-generation analysis techniques that focus on more microscopic processes, such as 

CFD approaches. Infact, CFD methods could provide accurate prediction of CHF conditions, since 

they combine different scale effects such as flow distribution in a rod bundle (macro-scale) and bubble 

nucleation at the heated surface (micro scale). Nevertheless, two-phase CFD predictions should be 

compared to relevant experimental data in order to validate two-phase flow modelling in geometrical 

and thermal-hydraulics conditions possibly representative of the industrial ones.  

The BFBT Void Distribution Benchmark (OECD-NEA web site, 2007) is based on BWR Full-size 

Fine-mesh Bundle Tests data made available by the NUPEC (Nuclear Power Engineering Corporation) 

database, which is one most valuable databases identified for thermal-hydraulics modelling. The 

NUPEC database includes sub-channel void fraction and critical power measurements in a 

representative (full-scale) BWR Fuel Assembly. The high resolution and high quality of sub-channel 

void fraction data encourage advancement in understanding and modelling complex two-phase flow 

behaviour in real bundles, and make BFBT experiments valuable for CFD multiphase models 

validation.  
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In this paper, CFD code validation and benchmarking against BFBT data will be presented within the 

OECD/NRC BFBT void distribution benchmark and as part of the NURESIM (European Platform for 

Nuclear Reactor Simulations) Integrated Project (Guelfi, 2005). Numerical simulations of sub-cooled 

boiling flow in BWR fuel assembly were carried out with the research code NEPTUNE_CFD V1.0.6 

(Méchitoua, 2003) and the commercial code ANSYS CFX 11.0.  

2.   DESCRIPTION OF BFBT EXPERIMENTS  

The test facility, shown in Figure 1, is able to simulate the high-pressure and high temperature fluid 

conditions found in BWRs (Inoue, 1995). An electrically-heated rod bundle has been used to simulate 

a full scale BWR fuel assembly. De-mineralized water is used as a cooling fluid. The maximum 

capacity of the facility are extensively Sartori et al. (2004).  

 

Fig. 1:  System diagram of the test facility. 

The test section consists of a pressure vessel (where the full-scale model of BWR fuel assembly is 

installed), a simulated flow channel, and electrodes. The test assembly is constituted by electrically 

heated rods fixed in an array identical to that of the BWR fuel assembly being simulated. Each rod in 

the test assembly is indirectly heated, to reproduce an actual reactor power profile generated by nuclear 

fission. Five types (Type 0 to Type 4) of test assemblies with different combinations of cross section 

geometries and power shapes were considered.  

For the microscopic grade benchmark on void distribution, four steady state tests on Assembly 4 were 

proposed, with the same nominal conditions for pressure (7.2 MPa), inlet subcooling (50.2 kJ/kg), 

flow-rate (55 t/h), and different exit quality (2-25%); the selected assembly was the 8×8 high burn-up 

fuel bundle shown in Figure 2, with uniform distribution in the axial direction and not uniform radially 

through the section (Utsuno, 2004). 

 

 

 

Fig. 2:  Assembly type No.4 (high burn-up). 
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Two kinds of void distribution measurement systems were employed in this tests: the X-ray CT 

scanner and the X-ray densitometer. Under steady-state conditions, fine mesh void distributions were 

measured using the X-ray CT scanner located 50 mm above the heated length (which measures 3.708 

m). 

3.   WALL BOILING MODELLING 

During subcooled boiling flow, heat and mass exchange between the liquid and gas phases takes place 

at the heated wall and in the subcooled liquid flow. Where boiling occurs, the specified external heat 

flux is distributed between the liquid and the gas phases: vapour bubbles are generated on the heated 

surface (through nucleation processes), then they migrate towards the (subcooled) liquid bulk, where 

they condense and release the latent heat. Related to this flow configuration, the general modelling 

approaches, the mathematical formulations, and the particular constituent model correlations are 

mostly common for NEPTUNE_CFD and CFX (Muehlbauer, 2004). 

The wall boiling model implemented in the codes, as documented by Morel et al. (2005) and Burns et 

al. (2004), is based on the “wall heat partitioning” model of Kurul and Podowski (1991). According to 

such approach, the total wall-to-liquid heat flux splits into three different modes of heat transfer: 

eqqqq qcwL ++=′′  (1) 

where qc is the single-phase convection heat flux transferred to the liquid phase near the wall outside 

the area influenced by nucleating bubbles Ab (Ac=1- Ab); qq is the quenching heat flux transferred to the 

subcooled liquid from the bulk flow that fills the volume vacated by departing bubbles; qe is the 

fraction of the wall heat flux that is directly used to generate vapour bubbles. 

The single-phase convection heat flux is given by  

)T(ThAq Lwccc −=  (2) 

where Tw is the wall temperature and hc is a heat exchange coefficient given by 

+

+

=
T

u
Cρh pLLc  (3) 

with u
+
 the wall function velocity and T

+
 the non-dimensional liquid temperature. The first is 

calculated from to the logarithmic law of the wall for liquid velocity in the wall boundary layer; the 

second is modelled in an analogous way, according to the thermal boundary layer definition. 

The quenching heat flux can be expressed trough the following correlation: 

)T(ThAq Lwbbq −=  (4) 

where the heat exchange coefficient hq is defined as 

qL

L
qq

tπa

2λ
th f=  (5) 

and Ab is the wall portion occupied by bubble nucleation; f is the bubble detachment frequency, tq is 

the quenching time and aL is the liquid thermal diffusivity. 

bc

2
db

A1A

/4)dnmin(1,A

−=
= π

 (6) 

where n corresponds to the active nucleation sites density and dd is the bubble detachment diameter. 

The factor 1/4 is not present in the Ab definition for CFX 11, and Ac assumes the maximum value 

between (1-Ab) and 10
-4
. 

The nucleation site density is given by 
Y

satw )]T[X(Tn −=  (7) 

where for NEPTUNE_CFD, X=210 and Y=1.8, while for CFX, X=185 and Y=1.805. 

The bubble departure diameter is differently modelled in the two codes; the Unal’s model for pipe 

boiling is implemented in NEPTUNE_CFD: 

ϕ
⋅= −

b

a
p102.42d 0.7095

d  (8) 

with the pressure p and 
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where λs and as are respectively the wall conductivity and thermal diffusivity; ρv denotes the vapour 

density and l  is the latent heat of vaporization. VL is the norm of liquid velocity and V0=0.61 m/s. 

The following model by Tolubinsky and Kostanchuk is implemented in CFX: 


















 ∆
−⋅=

]K[45

T
exp]mm[6.0],mm[4.1mind sub

bw  (11) 

where ∆Tsub=Tsat-TL. This model is derived for the high-pressure water boiling experimental data with 

the upper limit for the bubble departure diameter (db = 1.4 mm). This correlation depends solely on 

characteristic liquid subcooling, which makes this correlation case dependent (Burns, 2004). 

The quenching time and the bubble detachment frequency are given by: 

dL

Lv
q

dρ

ρρg

3

4
/1t

−
== ff  (12) 

The second expression gives a simple estimation of the bubble departure frequency as the terminal rise 

velocity over the bubble departure diameter. 

Finally, the evaporation heat flux can be derived from the evaporation mass flux: 

ll& nρ
6

πd
q V

3
d

e fmw ==  (13) 

with wm& the evaporation mass flux on the wall, modelled (in a mechanistic way) taking into account 

the total mass of bubbles periodically departing from nucleation sites. 

4.   NEPTUNE_CFD SIMULATIONS 

Among the available tests for the microscopic-grade benchmark on void distribution, only the first one 

(smallest power and exit quality) was simulated with both NEPTUNE_CFD and CFX codes. 

Considered boundary conditions are summarised in Table 1.  
Due to the long calculation time required for a fuel assembly simulation and to the complexity of the 

problem, first attempt investigations were focused on a single sub-channel. 

4.1 Sub-channel Simulations 

Thanks to the sub-channel geometrical symmetry, simulations were run considering only 1/8 of a sub-

channel; the real (asymmetric) boundary conditions for a specific sub-channel in the assembly were 

not considered, imposing symmetric boundary conditions to the side faces (except to the heated wall). 

All remaining BCs were imposed according to experimental data reported in Table 1. Simulation time 

of 10 s was largely enough to reach steady state conditions. 

Table 1:  Sample Table of experimental data  

Measured quantity TEST 4101-53 

Pressure [MPa] 7.159 

Liquid inlet velocity [m/s] 2.19 

Liquid inlet Temperature [K] 551.24 

Heat flux at heated wall [W/m
2
] 1.44·10

5 

 

Calculations were run adopting some standard models available in NEPTUNE_CFD (exhaustively 

described by Morel et al. (2005) ) and then performing several sensitivity studies, varying the main 
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modelling parameters and the grid refinement (from 8000 to 36000 elements), as suggested from Best 

Practice Guidelines for the use of CFD codes (NEA/CSNI, 2007). Specifically, calculations were run 

changing the bubble mean diameter value (constant value imposed by the user), the contribution of 

interface interaction forces (Drag; Lift, Turbulent Dispersion and Added Mass forces), the adopted 

models for turbulence, heat transfer and wall boiling.  

As a result, increasing the mean bubble diameter produced a different void distribution, with higher 

vapour concentration near the heated wall and higher section averaged void fraction. Without vapour 

turbulence modelling, all produced steam remained confined in the near-wall region, were the void 

fraction rapidly increased to very high values; on the contrary, modelling vapour turbulence made the 

vapour generated at the wall to diffuse into the sub-channel, while the averaged vapour volume 

fraction was nearly unchanged. Neglecting the non-drag forces contribution generated a high vapour 

concentration in the near wall region and a relatively smaller one in the centre of the channel, while 

considering Turbulent Dispersion, Added Mass and Lift forces effects gave a more uniform void 

distribution taking away the vapour from the wall. Considering a finer grid did not change significantly 

void fraction predicted values (neither the averaged value) but put in evidence some numerical 

oscillations in the near wall regions. 

4.2 Fuel Assembly Simulations 

Due to increasing computational costs only one eighth of the fuel assembly was considered, taking into 

account appropriate boundary conditions and geometrical symmetries.  

Results coming from sub-channel analysis helped in the input setup: reference calculation was run 

considering NEPTUNE_CFD standard models for interface drag, heat transfer and wall boiling, 

together with vapour turbulence modelling, mean bubble diameter equal to 0.1 mm, and also taking 

into account non-drag forces contribution (Lift, Added Mass and Turbulent Dispersion); steady state 

conditions were reached within 3 seconds. 

Obtained results are shown in Figure 3 (section at probe location), while Figure 4 shows corresponding 

measured void fraction. As can be observed, void production was qualitatively well predicted but with 

significant differences in the vapour distribution. In NEPTUNE_CFD simulation the highest vapour 

concentration was found near the heated rods while experimentally it was observed in the central part 

of sub-channels; moreover, predicted vapour concentration did not reach the maximum experimental 

values (> 60%), even if the section averaged void fraction is slightly overestimated (~ 30% with 

respect to the measured 25%).  

Same input was run adopting a refined grid with 578565 hexahedral elements (1935×299) instead of 
172732 (868×199). As a result, void production was consistent with previous calculation but some 

differences can be found in the local distribution through the section (Figure 5): mesh refinement 

evidenced that the adjacent wall area is not the region at highest vapour concentration, and smoothened 

differences between sub-channels at higher and lower vapour concentration. Section averaged void 

fraction diminished to ~ 28%. Calculations run adopting two further refined grids did not converged, 

suggesting a deeper investigation on compatibility between meshing characteristics and boiling model.  

From sub-channel study it was also observed a strong sensitivity to the imposed (constant) value of 

mean bubble diameter. The reference input was then adopted including a balance equation for the 

interfacial area concentration, in order to predict the local two-phase geometrical parameters of the 

boiling flow; the “Wei Yao” model for volumetric interfacial area prediction was selected, which is 

exhaustively described by Yao et al. (2004). As shown in Figure 6, the predicted void distribution did 

not change significantly, even if vapour seems to be less uniformly spread among the sub-channels; 

section averaged void fraction reduced to ~ 26%. 

Adopting modified (“GRE”) models for the interface heat transfer and wall boiling (Morel, 2005) 

produced a slightly different vapour distribution, more uniform in the region at higher steam 

concentration (Figure 7) and with smaller overall void fraction (~ 25.5%).  

Adopting the same models but neglecting the vapour turbulence resulted in the void distribution as 

expected from sub-channel analysis (Figure 8), with nearly all vapour confined in the regions adjacent 

to heated rods walls; the section averaged void fraction also changed (~ 27%). 
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Fig. 3:  Predicted void fraction - reference calculation. 

 

Fig. 4:  Experimental data on void fraction distribution (TEST 4101-53). 
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Fig. 5:  Predicted void fraction – sensitivity to grid refinement. 

 
 

 

  
 

Fig. 6:  Predicted void fraction modelling the interfacial area concentration. 
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Fig. 7:  Predicted void fraction – “GRE” models for interface heat transfer and wall boiling. 

 

 

 

    

Fig. 8:  Predicted void fraction – “GRE” models without vapour turbulence modelling. 
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5.   ANSYS CFX SIMULATIONS 

The same computational domain (1/8 of the Fuel Assembly) was simulated with ANSYS CFX; 

calculations were run considering three successively refined grids, namely a1 (202400 nodes), a2 

(402600 nodes), a3 (741000 nodes)  and a grid with meshing quality is improved, a4 (637065 nodes). 

The Eulerian two-fluid model was applied, with the following assumptions: 

- k-epsilon turbulence model for liquid phase 

- Vapour contribution to turbulence taken into account by means of Sato model 

- Interface interaction forces contribution accounted for (Ishii-Zuber model for Drag; Tomiyama 

model for Lift; Antal model for Lubrication and Favre-Averaged model for Turbulent 

Dispersion 

- Fully developed inlet profiles for velocity and turbulent quantities 

The convergence of calculations was achieved in accomplishment with Best Practice Guidelines 

(NEA/CSNI, 2007). In particular, the RMS residuals were decreased by at least ten orders of 

magnitude, the imbalances were also reduced to very small amounts, and the monitor points were 

completely stabilized, as shown in Figure 9. Obtained results are shown in Figure 10 and Figure 11. 

 

 

 

 
 

Fig. 9:  Monitoring of CFX calculations convergence.  
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Fig. 10:  CFX void fraction predictions – Sensitivity to grid refinement:  

(a) grid a1; (b) grid a2; (c) grid a3; (d) grid a4. 
 

 

 

Grid Void error % 

a1 0.268 7.2 

a2 0.270 8.0 

a3 0.268 7.2 

a4 0.264 5.6 

Table 2:  Calculated cross-section averaged void fraction at probe location  

 

 

(a) a1 (b) a2 

(c) a3 (d) a4 
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Fig. 11:  CFX predictions for cross-section averaged void fraction and liquid temperature  

(axial profiles). 

As can be observed from the previous Figures and from Table 2, CFX predictions were in quite good 

agreement with experimental data and some improvements were achieved with grid refinement, even if 

convergence on spatial discretization was not reached. Calculated void distribution was not matched, 

but was consistent with NEPTUNE_CFD predictions: vapour concentration is higher in the near wall 

regions and lower in sub-channels centre. 

6.   CONCLUSIONS 

Computational Fluid Dynamic simulations of BFBT experimental tests (BWR Full-size Fine-mesh 

Bundle Tests) were presented. The aim was to evaluate NEPTUNE_CFD V1.0.6 and ANSYS CFX 

11.0 capabilities for predicting boiling bubbly flow in a real fuel assembly.  

Due to the complexity of the problem and to the high calculation time required for each simulation, a 

simplified problem was considered for NEPTUNE_CFD input settings and first attempt calculations. 

Attention was then focused on a single, generic sub-channel; thanks to its geometrical symmetry, the 

considered fluid domain was furthermore reduced to 1/8 of the sub-channel. Calculations were run 

adopting some standard models available in NEPTUNE_CFD and then performing sensitivity studies 

on fundamental problem parameters, such as the mean bubble diameter, the vapour turbulence 

modelling, the effect of non-drag forces contribution and grid refinement. As a result, predicted void 

fraction was found to be very sensitive to all of selected parameters; in particular, the vapour 

turbulence modelling and non-drag forces contribution strongly influenced the void distribution 

through the channel section, while the overall vapour production was more sensible to the value of 

mean bubble diameter. These findings were considered in the set-up of NEPTUNE_CFD fuel 

assembly simulations. Starting from the problem symmetry, only 1/8 of the assembly was modelled. 

Void production was qualitatively well predicted but significant differences were observed in the 

vapour distribution through the section, since the highest void concentration was found near heated 

rods wall and not within sub-channels central region. Sensitivity analysis on modelling parameters 

confirmed the importance of representing vapour turbulence; moreover, it suggested the use of a 

volumetric balance equation for the interfacial area concentration, in order to predict the local two-

phase geometrical parameters of the boiling flow.  

CFX predictions were in quite good agreement with experimental data as well; some improvements 

were achieved with grid refinement, even if convergence on spatial discretization was not reached. 

Calculated void distribution did not matched measured data, but was consistent with that found by 
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NEPTUNE_CFD simulations; this may suggest the relevance of secondary flows induced by spacer 

grids, which contribute to flow mixing.  

Although qualitative conclusions should not be affected by using a converged meshing, for both codes 

void distribution resulted to be significantly influenced by grid refinement, so that a further mesh 

sensitivity analysis is recommended besides modelling spacer grids into the computational domain. 

Future studies should also address the effect of non-drag forces modelling. 
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Abstract 
 
This paper presents simulations of the convective boiling flow performed with NEPTUNE_CFD and 
FLUENT codes. The DEBORA experiments carried out at CEA Grenoble were used as an 
experimental data set. In these experiments, freon R12 flows upwards inside a vertical pipe. Radial 
profiles of the flow variables are measured at the end of the heated section. Seven DEBORA cases 
were selected for simulation. 
 NEPTUNE_CFD code was used without modifications because it contains all necessary 
models. In FLUENT, an important part of the models has been implemented by programming in User 
Defined Functions. The comparison of the radial profiles of void fraction, liquid temperature, gas 
velocity and mean bubble diameter at the end of the heated section shows that both codes can provide 
reasonable results in boiling conditions. 
 The presented work was carried out within the 6th Framework EC NURESIM project. 
NEPTUNE_CFD code is implemented in the NURESIM platform. 

1. INTRODUCTION 

The convective subcooled boiling occurs when the heated walls are superheated while the liquid bulk 
is subcooled at a given operating pressure. Such a regime may occur in Pressurized Water and Boiling 
Water Reactors. This phenomenon can be predicted by the mechanistic boiling model of Kurul and 
Podowski (1990) developed at Rensselaer Polytechnic Institute. This model is implemented in 
NEPTUNE CFD code (Lavieville, 2005a,b). A similar boiling model was implemented in CFD code 
FLUENT 6 (ref. FLUENT, 2003) by programming in User Defined Functions. These two codes were 
used to simulate the two-phase boiling flow. The DEBORA experiments (Manon, 2000; Garnier, 
2001; Bestion 2006) carried out at CEA Grenoble were used as an experimental data set. 
 This paper is organized as follows: chapter 2 deals with the boiling model, as implemented in 
FLUENT; in chapter 3, selected DEBORA experimental cases are presented; chapter 4 describes 
solver settings used in NEPTUNE_CFD and FLUENT calculations. The numerical results and a 
comparison with the experimental data are shown in Chapter 5. 

2. NUCLEATE BOILING MODEL 

This chapter describes the boiling model, which was implemented in FLUENT 6 code using User 
Defined Functions. The aim of the presented model is to simulate the onset of nucleate boiling, 
partitioning of wall heat flux and interfacial liquid-vapour heat, momentum and mass transfer. A very 
similar boiling model is included in NEPTUNE_CFD code. 

The nucleate boiling model was developed for the application in the Eulerian multiphase model. 
Two phases are modelled: the primary phase is liquid and the secondary is vapour bubbles. The same 
pressure is shared by the two phases. Continuity, momentum and energy equations are solved for each 
phase. The realizable k-ε turbulence models apply to the individual phases. The distribution of the 
mean bubble diameter in the flow is modelled using a one-group interfacial area transport equation. 

2.1 Onset of Nucleate Boiling 

When the wall becomes superheated, vapour bubbles can form even when the core liquid is still sub-
cooled. The position where the first bubbles occur at the wall is denoted as the onset of nucleate 
boiling. In our calculations, Hsu’s criterion is used to determine this position (Lavieville, 2005b). 
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According to this criterion, a bubble will grow from a vapour embryo occupying a cavity in the wall if 
the liquid temperature at the tip of the embryo is at least equal to the saturation temperature 
corresponding to the bubble pressure. 

2.2 Wall Heat Flux Partitioning Model 

The heat flux partitioning model of Kurul and Podowski (1990) (see also Yao, Morel 2004) has the 
following structure: 
Downstream of the onset of nucleate boiling, the wall heat flux qwall is split into three parts: 

[ ]2/mWqqqq eqfwall ++=   (1) 

The first part is the single-phase heat transfer (convective heat flux): 

( )lwallwallfcnf TTAq −= α1   (2) 

21 1 AA −=   (3) 

A1 is the fraction of the wall surface influenced by liquid, fraction A2 is influenced by vapour bubbles 
formed on the wall, Tl is the liquid temperature at the centre of the wall adjacent cell, αwallfcn is the wall 
heat transfer coefficient calculated from the temperature wall function. 
 
The quenching part qq of the heat flux qwall is transported by the transient conduction during the time 
period between the bubble departure and the next bubble formation at the same nucleation site.  

( )lwallquenchq TTAq −= α2   (4) 

αquench is the quenching heat transfer coefficient (17). 
The heat flux qe is spent for evaporation of the liquid: 

latee Hmq &=   (5) 

em&  is the evaporation mass transfer per unit wall area (15), Hlat is latent heat. 

The model assumes that the diameter of the area influenced by a single bubble is as large as the bubble 
departure diameter dw: 
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n is the active nucleation site density. 
 
Active nucleation site density is correlated to the wall superheat: 
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Bubble departure diameter dw is calculated from Ünal correlation (Ünal, 1976): 
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as is thermal diffusivity and λs is the thermal conductivity of the solid wall 
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   (Stanton number)  (12) 

lU is the liquid velocity magnitude at the wall adjacent cell 





















=
47.0

61.0
,1max lUφ     (13) 

When Tl>Tsat, bulk boiling is initiated. 
 

In order to calculate the evaporation rate em& , the bubble detachment frequency f is determined from 

the following equation: 
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The evaporation rate is the product of bubble mass, detachment frequency and the active nucleation 
site density:  
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The quenching heat transfer coefficient αquench depends on the waiting time between the bubble 
departure and the next bubble formation. This waiting time tw is fixed to the bubble detachment 
period: 

[ ]s
f
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where al is the thermal diffusivity of the liquid. 
 
The presented system of equations (1) – (17) is closed, but it cannot be solved explicitly. The 
numerical method of bisectors (Neustupa, 1995) is used to solve this system. 

2.3 Interfacial Momentum Transfer 

The interfacial momentum transfer can be divided into four parts: drag, virtual mass force, lift and 
turbulent dispersion (Lance, Lopez de Bertodano, 1994, Yao, Morel 2002, 2004). 
 
The interfacial drag force is calculated as: 

( )vlvlDl

b

vD

vl

D

lv VVVVc
d

MM
rrrrrr

−−=−= ρα
75.0   (18) 

db is the Sauter mean bubble diameter calculated from the interfacial area transport equation, 
the drag coefficient cD is given by Ishii (1979). 
 
The lift force is calculated as: 

( ) ( )llvlvL

L

vl

L

lv VVVcMM
rrrrr

×∇×−−=−= ρα  (19) 

The lift coefficient cL is calculated from the correlation proposed by Moraga (1999). In this 
correlation, the lift coefficient is calculated from the product of the bubble Reynolds number and the 
bubble shear Reynolds number. 
The lift coefficient combines the action of the two opposing forces:  

1. the classical aerodynamic lift force that results from interaction between the bubble and the 
liquid shear – positive influence on cL. 

2. the interaction between the bubble and vortices shed by the bubble wake – negative influence 
on cL 
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The virtual mass force is given by: 
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The virtual mass force coefficient is cVM = 0.5. 
 
The turbulent dispersion force is given by: 

vllTD

TD

vl

TD

lv kcMM αρ ∇⋅⋅⋅−=−=   (21) 

The turbulent dispersion coefficient is set to cTD = 1 (Troshko 2003, 2007). kl is the turbulence kinetic 
energy of the liquid.  

2.4 Interfacial Heat Transfer 

Interface to liquid heat transfer (used from Yao 2002): 

( ) [ ]3/mWTTahQ lsatilili −⋅=   (22) 

The heat transfer coefficient hli is: 
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db is the Sauter mean bubble diameter. 
 
The volumetric interfacial area ai is given by: 
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In the case of condensation (Ja<0), the Nusselt number Nu is calculated from: 

33.05.0 PrRe6.02 +=Nu   (25) 

l
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Pr is the Prandtl number of the liquid, Vrel is the magnitude of the relative velocity between phases, νl 
is the kinematic viscosity of the liquid. 

( )
latv

satllPl

H

TTc
Ja

ρ
ρ −⋅

= ,
         (Jakob number)  (27) 

In the case of evaporation the Nusselt number is given by: 
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al is the liquid thermal diffusivity. 
 
 

Interface to vapour heat transfer: 

Interface to vapour heat transfer is calculated using the “time-step return to saturation” method. It is 
assumed that the vapour retains the saturation temperature by rapid evaporation/condensation. 

( ) 




−=
3

,

m

W
TT

t

c
Q vsat

vPvv

vi δ
ρα

  (30) 

δt is the time step, cP,v is the isobaric heat capacity of the vapour. 
The interfacial mass transfer depends directly on the interfacial heat transfer. 
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2.5 Interfacial Area Transport 

The Sauter mean bubble diameter distribution in flow was calculated from the interfacial area 
concentration. One group interfacial area concentration equation with models for coalescence and 
break-up (Yao and Morel, 2004; Morel, Yao, Bestion, 2003, Morel 2007) is used to describe the 
evolution of the interfacial area concentration. A user-defined scalar equation is used to model the 
transport of the interfacial area in FLUENT.  

3. SELECTED DEBORA TEST CASES 

The boiling model was tested against DEBORA experiments carried out at the CEA (Manon, 2000; 
Garnier, 2001). 
 The DEBORA experiment is a vertical heated pipe with Freon R12 flowing upwards. At the tube 
inlet, R12 is a subcooled liquid. The refrigerant is heated as it flows upwards and vapour bubbles are 
created on the wall surface. These bubbles break away from the wall and are dispersed in the turbulent 
flow. The bubbles condense partly in the core region of the tube. The internal diameter of the pipe is 
19.2mm. The whole pipe can be divided into three sections: the inlet adiabatic section – 1m long, the 
heated section – 3.5m long and the outlet adiabatic section 0.5m long. The void fraction, vapour 
velocity, the mean bubble diameter and interfacial area profiles were measured at the end of the heated 
section. Unfortunately, in this test series liquid temperature profiles were not measured.  
 

Table 1: Selected DEBORA test cases 
Case Test pressure mass flux qw Tinlet Tsat xeq 
No.   bar kg/m2/s W/m2 °C °C - 
1 29G1P30W12Te52.7_1 30.06 1006.8 58260 52.97 94.136 -0.0973 
2 29G1P30W12Te58.4_1 30.06 1007.4 58260 58.39 94.136 -0.0197 
3 29G1P30W12Te63.6_2 30.06 999.5 58260 63.43 94.136 0.0585 
4 29G1P30W12Te68.1_1 30.08 1005 58260 67.89 94.136 0.1218 
5 29G1P30W12Te70.4_1 30.07 1004.8 58260 70.14 94.136 0.1563 
6 29G1P30W12Te72.9_1 30.07 1004.8 58260 72.65 94.136 0.1953 
7 29G1P30W12Te74_1 30.06 994.9 58260 73.7 94.136 0.2173 

 
qw is the wall heat flux, xeq is the outlet equilibrium vapour quality. 

4. CALCULATIONS IN NEPTUNE AND FLUENT 

4.1 NEPTUNE Solver Settings 

Turbulence: “k-epsilon liq” model for liquid, laminar flow of vapour. 
 
Interface momentum transfer: drag by Ishii, added mass by Zuber, no lift (lift force caused 
convergence troubles) 
 
The turbulent dispersion force is based on the void fraction gradient – see eq. (21), the turbulent 
dispersion coefficient was set to cTD=2.5. This value was taken from ref. Yao (2002), note that this is a 
different value than that used in FLUENT calculations (cDT = 1). If cDT = 2.5 is used in FLUENT it 
spoils the results – it overestimates mixing. On the other hand, if cDT = 1 is used in NEPTUNE, it 
provides insufficient mixing. 
 
Wall-fluid heat transfer: Grenoble models (no superheating of the vapour, same models as in chapter 
2.2) 
 
Interface heat transfer: Grenoble models for liquid and vapour (same models as in chapter 2.4) 
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Physical properties of fluid R12: CATHARE tables.  
The particle diameter was calculated from the interfacial area concentration, Yao (2002) model was 
used for coalescence and fragmentation. 
 
NEPTUNE version: 1.0.5 

4.2 FLUENT Solver Settings 

Models used in FLUENT calculations were described in chapter 2. 
 
Solver: segregated, 1st order implicit unsteady formulation, Eulerian multiphase model. 
 

Turbulence: realizable k-epsilon model solved per phase 
 

Discretisation: second-order upwind for convection terms in all equations except for the user defined 
scalar, user-defined scalar equation: first order upwind (used for calculating the interfacial area) 
 
Physical properties of fluid R12: piecewise-linear profiles based on NIST Chemistry WebBook. 
 
FLUENT version 6.1.22 
 

4.3 Main Differences Between NEPTUNE and FLUENT Calculations 

• turbulence models 
• lift force 
• turbulent dispersion coefficient 
• physical properties of fluid R12 

4.4 Computational Grid 

The case is axisymmetric, a 10° wedge confined with symmetry cutting planes is used to model the 
pipe.  
 
Grid Resolution: 
radius:  14 intervals  
axial direction: 200 intervals - inlet section (1m long) 
                    700 intervals - heated section (3.5m long) 
                         100 intervals - outlet section (0.5m long) 
 
Wedge cells in the centre of the pipe are included in the grid for FLUENT (Fig. 1), while in 
NEPTUNE they had to be omitted and replaced with a small symmetry cutting plane (because of 
convergence troubles). 
 

 

Fig. 1 Computational Grid 

Note: A grid independence test was performed – see chapter 5.2. 
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5. RESULTS 

The following figures show the radial profiles at the end of the heated section. 

  

  

Fig. 2 Results: Case 1 – Tin = 52.97°C, xeq = -0.0973 

Note: Diameter Dg corresponds to an equivalent two-phase flow (keeping the bubble centre density and the 
interfacial area density) where all the bubbles are assumed to have the same diameter, see Manon (2000). 
 

  

  

Fig. 3 Results: Case 2 – Tin = 58.39°C, xeq = -0.0197 
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Fig. 4 Results: Case 3 – Tin = 63.43°C, xeq = 0.0585 

 
 

  

  

Fig. 5 Results: Case 4 – Tin = 67.89°C, xeq = 0.1218 
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Fig. 6 Results: Case 5 – Tin = 70.14°C, xeq = 0.1563 

 
 

  

  

Fig. 7 Results: Case 6 – Tin = 72.65°C, xeq = 0.1953 
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Fig. 8 Results: Case 7 – Tin = 73.7°C, xeq = 0.2173 (close to DNB) 

 

5.1 Problem – overestimated bubble diameter in FLUENT calculations 

The turbulence model in FLUENT provides a lower epsilon in the core of the flow than NEPTUNE. 
The coalescence and break-up terms in Yao’s interfacial area transport model depend on epsilon. A 
lower epsilon causes exaggerated coalescence and decrease of break-up in the duct centre, which in 
turn leads to overestimated bubble diameter. This problem can be seen in Fig. 5 - Fig. 8. 
 
Attempt to solve this problem in FLUENT: 

The coalescence and break-up terms use the function max(epsilon,0.13m2/s3) instead of epsilon. 
 
The following figures compare the results obtained with this modification and without this 
modification. 
 

  

Fig. 9 Results - Case 7: modification of the coalescence and break-up model in FLUENT can 

provide more realistic values of bubble diameter in the duct centre 

The influence of this modification on the liquid temperature and vapour velocity profile is not so 
marked. 
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5.2 Grid Independence Test  

  

  

Fig. 10 Case 4 – FLUENT: grid independence test 

From the above figure it can be seen that the original grid is fine enough and grid refinement does not 
improve the results of FLUENT calculations. Grid independence was also tested in NEPTUNE with 
the same conclusion. 
Note: The modified coalescence and break-up model from the previous page was used in these 
calculations. 

6. CONCLUSIONS 

The capability of CFD codes to simulate convective boiling flow in a vertical tube has been 
demonstrated. Seven DEBORA tests have been simulated with NEPTUNE_CFD and FLUENT codes. 
In these cases, the equilibrium outlet vapour quality ranges from –0.0973 to +0.2173 (close to DNB). 
The interfacial area transport was modelled in both codes. The main differences in the modelling used 
with the two codes were as follows: turbulence models, the turbulent dispersion coefficient, lift force 
and the physical properties of fluid R12. An important part of the models has been implemented in 
FLUENT by programming in User Defined Functions. 

FLUENT and NEPTUNE CFD codes provided comparable results. Reasonable agreement 
with experimental data was obtained. 

In tests with a higher inlet temperature NEPTUNE overestimates the void fraction in the core 
of the flow while Fluent overestimates the void fraction near the wall. 

NEPTUNE slightly underestimates the mean bubble diameter. If Yao’s interfacial area model 
is used in FLUENT, it causes overestimation of the bubble diameter in the duct centre, this problem 
could be solved by modifying the epsilon values used by Yao’s model. 

In the last case close to DNB, a sudden rise of a void fraction close to the wall was observed in 
the experiment. While the maximum value of the void fraction at the wall was captured well by the 
two codes, the shape of the void fraction peak near the wall was not reproduced in either of the codes. 
In the near-wall region, the calculated void fraction profiles are more mixed than the experimental 
profile. 
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It is interesting that to obtain the best results, different turbulent dispersion coefficients had to 
be used in the two codes. 
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Abstract 
This paper presents a CFD simulation of selected “Large Water Loop” critical heat flux experiments. 
Calculations were performed by NEPTUNE_CFD code. The Large Water Loop (LWL) is non-active 
pressurised-water equipment with technological and thermal parameters corresponding to those of 
PWR. The CHF experimental facility (a part of the Large Water Loop) has been designed for research 
into CHF in water flow through a bundle of electrically heated vertical rods. The critical conditions 
were determined under constant pressure, inlet water temperature and mass flux and for quasi steady-
state - by gradually increasing the heat input. The rods are modelled by hollow tubes with direct 
heating of the wall. 
 Thirteen CHF tests were calculated with NEPTUNE.  In all calculated tests, a sudden rise of 
the wall temperature was observed. Simulations of cases with a higher mass flux were successful. 
Simulation of cases with a low mass flux indicates that the modelling approach might not be suitable 
for lower mass fluxes. 
 The results show that NEPTUNE has some potential for predicting boiling flow up to CHF in 
the geometry of reactor fuel assembly. 
 The presented work was carried out as part of the NURESIM project. NEPTUNE_CFD code 
is implemented in the NURESIM platform. 

1. INTRODUCTION 

The application of boiling is limited by a condition called critical heat flux (CHF). The most serious 
problem is that the boiling limitation can be directly related to the physical burnout of the materials of 
a heated surface due to the suddenly inefficient heat transfer through a vapour film formed across the 
surface resulting from the replacement of liquid by vapour adjacent to the heated surface. 

In a surface-heat-flux-controlled system, the occurrence of CHF is accompanied by an 
inordinate increase in the surface temperature. Otherwise, an excessive decrease of the heat transfer 
rate occurs for a surface-temperature-controlled system. 

2. THE LARGE WATER LOOP EXPERIMENTAL FACILITY 

The Large Water Loop (LWL) has been built at the Nuclear Machinery Plant, Skoda, Plzen Ltd., 
Czech Republic (see Bestion et al. 2006). The loop is non-active pressurised-water equipment with 
technological and thermal parameters corresponding to those of PWR. The possible parameters ranges 
are suitable for all types of pressurised water reactors. 
 The CHF experimental facility (a part of the Large Water Loop) has been designed for 
research into CHF in water flow through a bundle of electrically heated vertical rods (nineteen 9.1mm 
diameter and 12.75mm pitch rods). The heated length is 3.5m. The critical conditions were determined 
under constant pressure, inlet water temperature and mass flux and for a quasi steady-state by 
gradually increasing the heat input. 

The rods are modelled using hollow tubes with direct heating of the wall. The axial 
distribution of the wall heat flux is uniform while the radial distribution varies from power coefficient 
of 1 for the central rod to 0.75 for the outer rods (see Fig. 1). 
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Fig. 1   LWL – Bundle D: horizontal cross section, power coefficients 

3. SELECTED TEST CASES 

The following table shows the experimental data set used in NEPTUNE simulations: 
 

 pin Tin Tsat mf qCHF 

 [MPa] [°C] [°C] [kg/s/m2] [W/m2] 

Case 1 14.407 292.13 338.94 1236 725080 

Case 2 14.136 284.88 337.43 1350 781922 

Case 3 10.679 243.59 315.86 569 716068 

Case 4 12.627 308.67 328.59 1225 625260 

Case 5 11.938 249.94 324.28 2062 1180507 

Case 6 9.952 242.2 310.64 1531 1057812 

Case 7 10.367 237.45 313.66 2458 1403022 
Case 8 10.179 269.31 312.30 2937 1217940 
Case 9 16.058 151.22 347.65 979 1070983 
Case 10 16.254 266.03 348.63 996 674477 
Case 11 12.466 230.95 327.60 503 648135 
Case 12 14.1 300.41 337.23 4795 1646333 
Case 13 17.846 300.41 356.28 3837 1575627 

Table 1: Selected LWL Test Cases 
 
pin and Tin  are the inlet pressure and temperature. Tsat is the saturation temperature, mf is the mass 
flux, qCHF is the critical heat flux on the central rod. 
 
 
 
 
 

grid spacer 

ceramic channel 

distribution of heat flux 
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4. MODELING OF BOILING FLOW UNDER CHF CONDITIONS 

This chapter describes the generalized boiling model, which is implemented in NEPTUNE code and 
used for simulating LWL experiments. The presented model simulates the onset of nucleate boiling, 
partitioning of the wall heat flux and interfacial liquid-vapour heat, momentum and mass transfer. 

Two phases are modelled: the primary phase is liquid and the secondary is vapour bubbles. The 
same pressure is shared by the two phases. Continuity, momentum and energy equations are solved for 
each phase. The “k-ε liq” model (Yao, Morel 2004) is used for modelling the liquid turbulence; the 
flow of vapour is assumed to be laminar. Distribution of the mean bubble diameter in the flow is 
modelled using a one-group interfacial area transport equation. 

4.1 Onset of Nucleate Boiling 

When the wall becomes superheated, vapour bubbles can form even when the core liquid is still 
subcooled. The position where the first bubbles occur at the wall is denoted as the onset of nucleate 
boiling. In our calculations, Hsu’s criterion is used to determine this position (Hsu, 1962). According 
to this criterion, a bubble will grow from a vapour embryo occupying a cavity in the wall if the liquid 
temperature at the tip of the embryo is at least equal to the saturation temperature corresponding to the 
bubble pressure. 

4.2 Basic Wall Heat Flux Partitioning Model 

The heat flux partitioning model of Kurul and Podowski (1990) (see also Yao, Morel 2002, 2004) has 
the following structure: 
Downstream of the onset of nucleate boiling, the wall heat flux qwall is split into three parts: 

[ ]2/mWqqqq eqfwall ++=   (1) 

The first part is the single-phase heat transfer (convective heat flux): 

( )lwallwallfcnf TTAq −= α1   (2) 

21 1 AA −=   (3) 

A1 is the fraction of the wall surface influenced by the liquid, fraction A2 is influenced by vapour 
bubbles formed on the wall, Tl is the liquid temperature at the centre of the wall adjacent cell, αwallfcn is 
the wall heat transfer coefficient calculated from the temperature wall function. 
 The quenching part qq of the heat flux qwall is transported by transient conduction during the time 
period between the bubble departure and the next bubble formation at the same nucleation site.  

( )lwallquenchq TTAq −= α2   (4) 

αquench is the quenching heat transfer coefficient (17). 
Heat flux qe is spent for liquid evaporation: 

latee Hmq &=   (5) 

em&  is the evaporation mass transfer per the unit wall area (15), Hlat is the latent heat. 

The model assumes that the diameter of the area influenced by a single bubble is as large as the bubble 
departure diameter dw: 
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n is the active nucleation site density. 
 
The active nucleation site density is correlated to the wall superheat: 

( )( ) 
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The bubble departure diameter dw is calculated from Ünal correlation (Ünal, 1976): 
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where p is pressure [Pa], 
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as is the thermal diffusivity and λs is the thermal conductivity of the solid wall 
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lU is the liquid velocity magnitude at the wall adjacent cell 
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When Tl>Tsat, bulk boiling is initiated. 
 

To calculate the evaporation rate em& , the bubble detachment frequency f is determined from the 

following equation: 
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The evaporation rate is the product of bubble mass, detachment frequency and the active nucleation 
site density:  
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The quenching heat transfer coefficient αquench depends on the waiting time between bubble departure 
and the next bubble formation. This waiting time tw is fixed to the bubble detachment period: 
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where al is the liquid thermal diffusivity. 

4.3 Generalization of the Wall Heat Flux Partitioning Model 

The basic wall heat flux partitioning model presented in chapter 4.2 assumes that the amount of water 
on the wall is sufficient to remove heat from the wall and to be used for evaporation. Superheating of 
the vapour that occurs at high void fractions is not modelled. Given all this, the basic heat flux 
partitioning model cannot be used under critical heat flux conditions. 
 In order to account for a critical heat flux condition, the heat flux partitioning model can be 
generalized as follows: 

( ) ( ) [ ]2
11 /1 mWqfqqqfq veqfwall αα −+++=   (18) 

 
The fourth part of the wall heat flux, qv, is the diffusive heat flux given to the vapour phase: 



  5 

( )vwallvwallfcnv TTq −= ,α   (19) 

αwallfcn,v is the wall heat transfer coefficient calculated from the temperature wall function for the 
vapour phase, Tv is the vapour temperature at the centre of the wall-adjacent cell. 
 
fα1 is the phenomenological function, which depends on the liquid volume fraction α1. fα1 must fulfil 
the following conditions: 

00,11 1111 →→→→ αα αα iffiff  (20) 
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  (21) 

The “EDF wall-fluid heat transfer” model (see Lavieville et al. 2005) that is implemented in 
NEPTUNE  and used in our calculations assumes function fα1 in the following form: 
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2.0,1 =critα  

i.e. the critical value for the void fraction is 8.01 ,1 =− critα . Note that Weisman DNB criterion is void 

fraction=0.82 (Weisman 1983). 

4.4 Interfacial Momentum Transfer 

The interfacial momentum transfer can be divided into four parts: drag, virtual mass force, lift and 
turbulent dispersion (Lance, Lopez de Bertodano, 1994, Yao, Morel 2002, 2004). 
 
The interfacial drag force is calculated as: 
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db is the Sauter mean bubble diameter calculated from the interfacial area transport equation, 
the drag coefficient cD is calculated by Inclusions (EDF) model (Lavieville et al. 2005). 
 
The lift force was not included in our calculations because it caused convergence problems. 
 

The added mass force is given by: (Zuber, 1964) 
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The added mass force coefficient is cAM = 0.5. 
 
The turbulent dispersion force is given by: 

vllTD

TD

l

TD

v kcMM αρ ∇⋅⋅⋅−=−=   (26) 

The turbulent dispersion coefficient is set to cTD = 2.5 (Yao, Morel 2002, 2004). kl is the turbulence 
kinetic energy of the liquid.  

4.5 Interfacial Heat Transfer 

Interface to liquid heat transfer – “ASTRID-like model” (Lavieville et al. 2005): 
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db is the Sauter mean bubble diameter, λl is the liquid thermal conductivity. 
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The Nusselt number Nu is calculated from: 

33.05.0 PrRe6.02 +=Nu   (28) 
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Re is the Reynolds number, Pr is the Prandtl number of the liquid, Vrel is the magnitude of relative 
velocity between phases, µl is the dynamic viscosity of the liquid, cp,l is the liquid heat capacity. 
 

Interface to vapour heat transfer: 

The interface to vapour heat transfer is calculated with help of the “constant time scale return to 
saturation” method (Lavieville et al. 2005b). 
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∆t =0.05s is the time scale, cP,v is the isobaric heat capacity of the vapour. 
The interfacial mass transfer depends directly on the interfacial heat transfer. 

4.6 Interfacial Area Transport 

The Sauter mean bubble diameter distribution in the flow was calculated from the interfacial area 
concentration. The one group equation of the interfacial area concentration transport with models for 
coalescence and break-up (Yao and Morel 2004; Morel, Yao, Bestion, 2003) is used to describe the 
evolution of the interfacial area concentration. 

5. CALCULATION OF LWL EXPERIMENTS IN NEPTUNE 

5.1 Computational Grid 

The computational domain covers a 30° symmetric section of the actual channel. Grid spacers are not 
modelled. 
The cutting planes are modelled as a symmetry boundary condition. 
 

 

Fig. 2   Coarse Grid 

 

Fig. 3   Fine Grid 
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Two computational grids were created - see Fig. 2 and Fig. 3. The coarse grid consists of 76,800 
hexahedral cells. In the vertical direction (3.5m height), there are 400 intervals. The fine grid is 
subdivided into 150,000 hexahedral cells. Resolution in the vertical direction is the same as in the case 
of the coarse grid. The fine grid was used successfully for the preliminary single-phase calculation. 
When it was used to simulate actual LWL experiments, the calculations ended up with very small time 
steps and it was impossible to finish the calculation in a reasonable time. With the coarse grid there 
were no such problems. It was therefore decided to use the coarse grid for all calculations. 

5.2 NEPTUNE Settings 

• Turbulence modelling: “k-epsilon liq” model for the liquid, laminar flow of vapour 
• Turbulent reverse coupling – influence of phase 2 on phase 1 
• Turbulent dispersion force based on the void fraction gradient, turbulent dispersion coefficient 

cTD was set to 2.5 – used from Yao, Morel (2002) 
• Drag force: inclusions(EDF) model (Lavieville, 2005b), Ishii (1979) model caused calculation 

“freezing” (very low time steps) when bubbles entered distorted regime 
• Added mass force by Zuber, no lift force (lift force caused instabilities) 
• Wall-fluid heat transfer: EDF wall-fluid heat transfer (generalized heat flux decomposition, 

super-heated vapour empirical model based on a local void fraction critical value of 0.8,  
see chapter 4.3) 

• Interface heat transfer: Astrid-like model for liquid, relaxation time for vapour 
• CATHARE tables – Water std. rev6 extended 
• The mean bubble diameter is calculated from the interfacial area 
• Interfacial area transport: one group approach (one mean bubble diameter in each individual 

cell), coalescence and break-up of bubbles: Yao’s models (2004) 
 
NEPTUNE version: 1.0.5 

5.3 Calculation Procedure 

The actual experiments are quasi-steady. The inlet temperature, pressure and mass flux are constant 
and wall heat fluxes are gradually increasing. The maximum temperature gradient is 2°C/min so the 
transients are too long to be calculated by NEPTUNE in a reasonable time. We decided to calculate 
the flow with steady boundary conditions (i.e. constant wall heat fluxes). 
 In some cases, it was impossible to perform the calculation with 100% wall heat fluxes from 
the beginning because there were convergence troubles directly after the start-up when large amounts 
of vapour were created on the walls and then condensed. The procedure that worked for all cases was 
to calculate the first 0.1s with 10% wall heat fluxes, then raise the heat fluxes to 50% and let the flow 
stabilize. This took 2-5seconds of transient (depending on the mass flux). Then the wall heat fluxes 
were increased to 100%. Again, we let the flow stabilize. When the flow rate (liquid + vapour) leaving 
the domain was equal to the inlet flow rate and the wall temperatures and other parameters were 
stabilized, we analyzed the results. Depending on the results, wall heat fluxes were decreased or 
increased so as to find out the interval of the wall heat fluxes where a sudden increase of wall 
temperature occurs. 
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6. RESULTS 

The calculation results are shown in the following table: 
  pin  Tin  Tsat mf qCHF qcalc/qCHF αmax (Tw-Tsat)max CHF 

  [MPa] [°C] [°C] [kg/s/m2] [W/m2]   [m3/m3] [K]   

Case 1 14.407 292.13 338.94 1236 725080 100% 0.847 19.6 + 

            90% 0.788 13.5 + - 

Case 2  14.136 284.88 337.43 1350 781922 100% 0.836 19 + 

            90% 0.77 14 - 

Case 3 10.679 243.59 315.86 569 716068 75% 0.914 650 + 
            60% 0.825 14.3 + 
            50% 0.699 11.7 - 
Case 4 12.627 308.67 328.59 1225 625260 100% 0.895 304 + 

            90% 0.861 19.2 + 

            80% 0.816 13.1 + - 

Case 5 11.938 249.94 324.28 2062 1180507 100% 0.835 26.1 + 
            90% 0.748 17 - 
Case 6 9.952 242.2 310.64 1531 1057812 90% 0.888 551.3 + 

            80% 0.829 19.92 + 

            70% 0.737 15.2 - 

Case 7 10.367 237.45 313.66 2458 1403022 100% 0.877 619 + 
            90% 0.806 20.7 + - 
            80% 0.681 17.4 - 
Case 8 10.179 269.31 312.30 2937 1217940 100% 0.863 193.1 + 
            90% 0.804 17.8 + - 
Case 9 16.058 151.22 347.65 979 1070983 100% 0.6003 17.7 - 
            110% 0.805 20.54 + 
Case 10 16.254 266.03 348.63 996 674477 100% 0.71 13.67 - 
            110% 0.803 15.05 + - 
Case 11 12.466 230.95 327.60 503 648135 90% 0.9204 783.78 + 
            80% 0.8769 38.57  + 
            75% 0.8405 17.09  + 
            60% 0.6552 12.02  - 
Case 12 14.1 300.41 337.23 4795 1646333 100% 0.98* 2900*  +* 
            99% 0.95* 2700*  +* 
            98% 0.7756 17.2  - 
            95% 0.7552 16.8  - 
            90% 0.7134 16.21  - 
Case 13 17.846 300.41 356.28 3837 1575627 106% 0.8416 58.52  + 
            105% 0.795 19.4  + 
            100% 0.679 16.4  - 
 

Table 2: Results 
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Notes to Table 2 
CHF: + …increase of Tw and global maximum of (Tw-Tsat) at the end of the heated section  
         + -…increase of Tw but only local maximum of (Tw-Tsat) at the end of the heated section 
         -  … no increase of Tw at the end of the heated section 
qcalc / qCHF … ratio of heat flux used in calculating the wall heat flux in the experiment 
 
For example, qcalc / qCHF = 90% means that the heat fluxes used in the calculation were: 
central rod: 0.9 · qCHF 
middle rod: 0.9 · 0.85 · qCHF 
outer rod: 0.9 · 0.7 · qCHF ( see distribution of heat fluxes in Fig. 1) 
 
Tw – wall temperature, Tsat – saturation temperature, Tin - inlet temperature 
αmax … maximum void fraction in the domain 
pin - inlet pressure, mf - mass flux, qCHF - critical heat flux on the central rod 
 
* …not converged solution, calculation crashed 
 

6.1 Typical Results – Case 4, 100% Wall Heat Fluxes 

The qualitative results of other cases are similar to the Case 4 results. 
 
Note: For visualization in the following figures, the computational domain is vertically “shrunk” 
(1:50). 
 

 

Fig. 4   Case 4, 100% wall heat fluxes:  

Void fraction [-] 

 

Fig. 5   Case 4, 100% wall heat fluxes: 

Difference between wall and saturation 

temperature [K] 

Note: the range was clipped to interval <0, max>, 
zero means that Twall ≤ Tsat  
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Fig. 6   Case 4, 100% wall heat fluxes: 

Difference between wall and saturation 

temperature [K] 

The range was clipped to interval < 0, 40 > K 

 

Fig. 7   Case 4, 100% wall heat fluxes: 

Difference between vapor temperature and 

saturation temperature [K] 

The vapour is heated above the saturation 
temperature. 

 
 
 

 

Fig. 8   Case 4, 100% wall heat fluxes: 

Ratio of evaporation heat flux to total wall heat 

flux [-] 

 

Fig. 9   Case 4, 100% wall heat fluxes: 

Ratio of heat flux used for superheating the 

vapour to the total wall heat flux [-] 
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Fig. 10   Case 4, 100% wall heat fluxes: 

Mean bubble diameter [m] 

 

Fig. 11   Case 4, 100% wall heat fluxes: 

Bubble departure diameter [m] 

The bubble departure diameter reached the 
0.002m limit set in NEPTUNE. 

 

7. CONCLUSIONS 

The capability of NEPTUNE_CFD code to simulate boiling flow with the critical heat flux in a bundle 
of heated vertical rods has been assessed. 13 Large Water Loop CHF tests have been simulated. In 
these simulations, a generalized wall heat flux partitioning model that enabled the vapour to be 
superheated was used. 
 In all the calculated tests, a sudden rise of the wall temperature at the end of the channel was 
observed. Simulations of cases with higher mass flux were successful. In these cases, the wall heat 
fluxes that caused a sudden rise of the wall temperature were in the range of 80 to 110% of 
experimental heat fluxes. When a sudden increase of the wall temperature occurred, the calculated 
void fraction at the end of the heated section was higher than 0.8. (Weisman DNB criterion is void 
fraction = 0.82). 
 In one case with a low mass flux (Case 3), the region with a sudden rise of wall temperature 
occurred with 60% of experimental wall heat fluxes. In another case with a low mass flux (Case 11), 
when the wall heat fluxes were set to 75% of the experimental values, the maximum void fraction at 
the end of the heated section was 0.84. This indicates that the modelling approach might not be 
suitable for lower mass fluxes. 
 The results show that NEPTUNE has some potential for predicting the boiling flow up to CHF 
in the geometry of reactor fuel assembly. 
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Abstract 
 

Over the last decades, the analysis of transients and accidents in nuclear power plants has been 

performed by system codes. Though they will remain the analyst’s tool of choice for the foreseeable 

future, their limitations are also well known.  It has been suggested that an improvement in the 

simulation technology can be obtained by “coupling” system codes with Computational Fluid 

Dynamics (CFD) calculations.  This is usually attempted in a domain decomposition fashion: the CFD 

simulation is only performed in a selected subdomain and its solution is “matched” with the system 

code solution at the interface.  However, another coupling strategy can be envisioned.  Namely, CFD 

simulations can be used to provide closures to a system code. 

 

This strategy is based on the following two assumptions. The first assumption is that there are 

transients which cannot be simulated by system codes because of the lack of adequate closures.  The 

second assumption is that appropriate closures can be provided by CFD simulations.  In this paper, 

such a coupling strategy, inspired by the Heterogeneous Multiscale Method (HMM), is presented.  The 

philosophy underlying this strategy is discussed with the help of a computational example. 

1. INTRODUCTION 

The simulation of the steady-state and transient behaviour of nuclear power plants is a considerable 

challenge, given their size and their geometrical complexity.  Traditionally, this task has been carried 

out by System Thermal Hydraulics (STH) codes.  They make the simulation computationally 

manageable by modelling the system as an assembly of 0-D and 1-D components.  The quantities of 

interest, namely pressure, velocity and internal energy of water and steam are calculated as the 

solution of the two-fluid model of two-phase flow.  Closures are introduced to describe the exchange 

of mass, momentum and energy between the wall and the fluid and between the phases. 

 

Regardless the modelling simplifications employed by system codes, they have proved to be a 

valuable simulation machine and they are, de facto, the corner stone of the safety analysis of nuclear 

power plants.  It is, although, clear that they don’t represent a perfect simulation tool.  Aside from the 

limitations of the two-fluid model, the shortcomings of the STH codes might be intuitively ascribed to 

two reasons.  The first one is the structural limitation of a 1-D code to simulate phenomena where 3-D 

effects are of predominant importance; the second is the uncertainty of the closures that provide an 

average description, at the characteristic length scale of system codes, of phenomena actually taking 

place on much smaller length scales. 

 

It is tempting to think that these problems could be overcome by the use of Computational Fluid 

Dynamics (CFD) codes.  After all, they can simulate 3-D phenomena on very fine meshes and the 

increasing availability of cheap computational power makes this perspective even more enticing.  

Setting aside the issues of the maturity of CFD codes (reliable simulation tool for single phase 

applications, not yet mature for the analysis multi phase flows), the long calculation times associated 

with CFD simulations, especially for transient problems, imply that CFD codes can be used to 

complement STH codes in the analyst’s toolkit but not to substitute them entirely. 
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Over the years, various attempts have been made to couple STH and CFD codes.  Strategies and goals 

have been largely different but, not surprisingly, one common feature is at the basis of all these efforts: 

the need to limit, as much as possible, the calculations on the CFD side. 

 

The research on coupling strategies between STH and CFD codes has mostly been driven by the need 

of calculating, in selected components, 2-D or 3-D velocity and temperature profiles.  This leads 

naturally to a coupling technique we refer to as “domain decomposition”.  A fairly mature effort in this 

direction, which has produced a coupled RELAP-3D/Fluent code, is due to the work of Weaver et al. 

(2002), Aumiller et al. (2002) and Schultz and Weaver (2003).  The coupled RELAP-3D/Fluent code 

has been recently used to simulate the flow in the outlet plenum of the Very High Temperature 

Reactor (Anderson, 2008). 

 

However, a second coupling strategy might be devised, one where the CFD code is used to calculate 

one or more coefficients needed by the system code.  The rationale behind this coupling strategy is 

that, for some transients, the system code’s simulations can be improved by providing appropriate 

closures obtained from CFD calculations.  The domain of the CFD solver is, then, to be restricted to a 

region around one or more mesh nodes of the system code.  The details depend on the particular 

problem at hand, but the idea is that, for efficiency reasons, the domain of the CFD solver should be as 

small as possible.  Apparently, this situation is similar to the domain decomposition approach. 

 

There are, however, remarkable differences.  First, unlike the domain decomposition approach, the 

system code is used to simulate the whole domain of interest.  Then, the system code and the CFD 

code do not need to be coupled on-the-fly, which is convenient essentially for practical reasons.  The 

coupling of the two codes is simpler, without any need for a message-passing software infrastructure. 

 

Naturally, as in the domain decomposition approach, there is the problem of obtaining initial and 

boundary conditions for the CFD calculation using the 1-D data provided by the system code.  

However, in this case, we are not particularly interested in the details of the CFD simulation itself; the 

goal is, rather, the closure we need to provide to the system code.  It is clear that, since it is impossible 

to determine unique 2-D and 3-D pressure and velocity profiles compatible with the control-volume 

averaged quantities provided by the system code, several boundary conditions for the CFD code can 

be built, all equally acceptable from the point of view of the compatibility with the system code 

solution.  Each of these boundary conditions will give rise to a different pressure and velocity profile 

calculated by the CFD code.  This problem is paramount in the domain decomposition approach but 

not necessarily in our strategy since the particular closure we need to calculate might be not sensitive 

to the details of the CFD solution. 

 

The final goal of this study is the development of algorithms that enable the system code to decide 

when a CFD calculation needs to be performed (closure-on-demand).  In this paper, however, we will 

deal only with the least efficient closure-on-demand strategy, one where a correct CFD closure is 

provided to the STH code at every STH time step. 

2. MULTI-SCALE METHODS AND CLOSURE-ON-DEMAND 

The coupling between a CFD and a STH code might be interpreted as a multi-scale problem.  As a 

matter of fact, we have to devise a way to exploit a physically more detailed model (CFD) which, for 

efficiency reasons, can not be extended to the whole system.  The latter is more conveniently 

described by a gross, less accurate (at the component level) code (STH). 

 

In particular, the coupling strategy outlined in the Introduction can be interpreted as an application of 

the HMM.  The key point of the HMM is that the real goal of the calculation is the simulation of the 

system at the macroscale level.  The multi-scale nature of the problem implies that the macroscale 

solver alone is not sufficient to achieve this goal and, therefore, it must be complemented by the 

microscale solver.  One of the ways to do this, applicable to the STH-to-CFD coupling problem 
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described earlier, is to use the microsolver to calculate some of the closures needed by the 

macrosolver. 

 

In more formal terms, let us assume that the macroscale model can be expressed in the form 

 

))(,( ΘΘ=Θ
kf

dt

d
, (1) 

 

k representing a parameter (closure) which conceptually depends on the macroscale variable Θ , but 

practically the correct relationship between k and Θ  is not known.  The idea is to recover this 

information through a microscale simulation.  Starting from a macroscale state 0Θ , an initial 

condition 0θ  for the microscale solver is built and a microscale simulation of time length δt, or a 
steady-state calculation if we can assume separation of scales, is performed.  The microscale result 

*θ  

is then used to calculate a value of the closure k
*
.  Finally, the system is evolved at the macroscale 

level according to 

 

),( *kf
dt

d Θ=Θ
. (2) 

 

The essential point for the efficiency of the method is to establish when, during a transient, the 

microscale simulation is needed.  The final goal is to develop algorithms enabling the macroscale 

solver with the capacity to determine at which time t  the closure ))((( tk Θθ  has to be evaluated.  We 

refer to this procedure as “closure-on-demand”. 

3. PROOF OF CONCEPT CALCULATION 

The system code employed in these calculations is RELAP5 3.3 version 3.3hi.  The CFD code chosen 

is Fluent version 6.3.23. 

3.1 Description of the Problem 

Let us consider the flow of water in the sudden expansion (circular cross section) shown in Fig. 1. 

 

 

Fig. 1:  Geometry of the sudden expansion problem. 

The dimensions of the system are: R1 = 0.5 cm, R2 = 1.5 cm, L1 = 3 m, L2 = 5 m. 

 

Let the outlet pressure pout be constant and equal to the atmospheric value, the temperature T constant 

throughout the system and equal to 293 K.  Starting from a steady-state situation where the inlet 

relative pressure pin is equal to 45 Pa, we want to simulate the transient behaviour of this system in the 

case that pin increases linearly as a function of time from pinitial = 45 Pa to pfinal = 105 Pa in a time ∆T 
(see Fig. 2). 

 

L2 

L1 
R2 

R1 
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Fig. 2:  Inlet boundary condition. 

 

The values of pressure were selected to ensure that the flow stays laminar at all times.  Two cases are 

considered, ∆T = 10 sec and ∆T = 5 sec, referred to as “Transient I” and “Transient II”, respectively. 

3.2 Microscale Model: CFD 

The system is assumed to be axisymmetric, and it is meshed using 150 intervals in the axial direction.  

10 and 30 intervals are used in the radial direction in the regions before and after the expansion, 

respectively.  The simulation has been carried out with the unsteady solver, until the system reaches a 

new steady-state corresponding to the higher value of the inlet pressure, employing a fixed time step 

of 10
-3
 seconds. Inlet and outlet pressure are given as boundary conditions. The results of the CFD 

solution are shown in Fig. 3. 

 

 

Fig 3:  Mass flow rate as a function of time for the Transients I and II (Fluent). 

 

The mass flow rate flowing through the system is determined by the pressure gradient and the 

hydraulic resistance which, in turn, depends on the viscosity and the velocity gradients.  The CFD 

code provides the value of pressure and the components of velocity at every mesh point.  Assuming 

that the goal of the simulation is just the calculation of the mass flow rate, the use of a CFD code does 

not seem the most efficient method: its output is much richer than what is really required and, of 

course, this comes at the cost of longer calculation times.  A greater efficiency, related the calculation 

goals, might be obtained using a system code, provided that the physics of the problem can be 

correctly modelled. 
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3.3 Relationship between Macroscale and Microscale Models – Closures 

At the scale described by the Navier-Stokes equations (microscale) the mass flow rate is an integral 

quantity that is calculated by integrating the velocity profile over a cross-section of the channel.  The 

velocity field, in turn, is completely determined by the geometry of the system, the initial condition 

and the boundary conditions. 

 

At the scale described by the 1-D system code (macroscale), no information on the velocity gradients 

is available and the mass flow rate is simply determined by the inlet and outlet pressure boundary 

conditions and the hydraulic resistance.  Notice that the concept of hydraulic resistance is entirely 

macroscopic: it is the effect of the small scale physics which at the 1-D system code level appears in 

the form of wall friction and localized loss coefficient in the expansion. 

 

Friction factors and localized loss coefficients are, therefore, the closures of the macroscale model.  

With correct closures, the system code would provide the correct result, namely the same mass flow 

rate value as predicted by the CFD code.  In the case of the friction factor in a circular pipe, RELAP5 

has, for example, the correct closure for fully developed laminar flow. 

 

For the localized energy loss coefficient in a junction, there are three possible and equally 

unsatisfactory choices: (i) a built-in sudden expansion coefficient, (ii) a constant, user-defined 

coefficient, and (iii) a Reynolds number dependent loss coefficient according to the relation 

 
FC

FFloss BAK Re/+= , (3) 

 

where the positive, constant coefficients AF, BF  and CF are user defined and Re is the Reynolds 

number. 

 

Clearly, no constant value of the energy loss coefficient can represent a correct closure.  It is known, 

in fact, that in the laminar flow regime, energy loss coefficients depend on the Reynolds number even 

in steady-state conditions. 

 

As far as the functional relation (3) is concerned, it implies that the loss coefficient depends in a 

unique way on the instantaneous cross sectional averaged value of the velocity, regardless of the 

system history.  However, we cannot expect this to be true during a transient.  From a microscale point 

of view we can say that the details of the velocity field depend on the history of the system.  

Therefore, for a given value of the Reynolds number, the loss coefficient might assume different 

values, depending on the characteristics of the transient. 

 

The conclusion is that this seemingly innocuous problem, the calculation of mass flow rate through a 

sudden expansion, is actually multi-scale: in order to solve it correctly, a system code calculation 

needs to be supplied with information available only from CFD analysis.  Furthermore, the calculation 

target, the mass flow rate, is an output of the macroscale code, however correct closures for the 

macroscale model are not available.  Thus, this problem can be classified among those that can be 

treated within the framework of the HMM.  The idea is to calculate appropriate loss coefficient 

through a CFD simulation.  The steps needed to establish a closure-on-demand procedure for this 

problem can be laid out as follows: 

 

1. We must show that if at every time during the transient RELAP5 has access to the correct 

value of the energy loss coefficient, as calculated from the full reference CFD solution, 

the system code simulation “matches” the reference solution. 

2. We must show that it is possible to match the reference solution even when the correct 

value of the closure obtained from the complete CFD simulation of the transient is not 

used at every RELAP5 time step, but just in a selected, limited number of time steps. 

3. The development of the actual closure-on-demand procedure is achieved by: 



 6 

a. Estimating an “acceptable” approximation of the energy loss coefficient at any 

point during the transient from a CFD calculation, without requiring the 

simulation of the complete transient. 

b. Devising a criterion that guides the choice of the time points when the CFD 

calculation is invoked. 

 

In this paper we will deal exclusively with the first of the steps above.  It still requires performing a 

complete CFD simulation of the transient and can be thought as the most inefficient form of closure-

on-demand procedure, one where the system code “invokes” the calculation of the closure at every 

time step. 

3.4 Macroscale Model: STH 

The RELAP5 model is shown in Fig. 4.  The channel is simulated by a PIPE component subdivided in 

Ntot = 32 axial volumes of equal length.  N and M are the number of volumes upstream and 

downstream the expansion, respectively. 

 

 

 

Fig. 4:  RELAP5 nodalization of the sudden expansion problem with N = 12, M = 20. 

The  sudden expansion  is modelled by an energy loss coefficient localized in the JN junction. 

 

The RELAP5 input allows the user to specify a localized energy loss coefficient in any junction of a 

PIPE component.  In the model, the localized loss coefficient is set in the junction JN, corresponding to 

the cross-section enlargement.  It is calculated as: 

 
2

1/ˆ2 vEK vloss = , (4) 

 

v1 is the velocity in the volume upstream the junction and vÊ  is the energy per unit mass which is 

dissipated in the volume delimited by the sections S1 and S2.  vÊ  is evaluated through a Bernoulli-like 

energy balance: 
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It is understood that the footers “1” and “2” refer to the surfaces S1 and S2 respectively,  v is the cross-

section averaged value of velocity and ρ is the fluid density.  The pressure and velocity values in 
equation (5) are obtained from the CFD simulation of the same transient. 

 

Notice that two contributions determine the value of vÊ  given by equation (5): the losses due to the 

sudden expansion and those due to the wall friction between the sections S1 and S2.  Therefore, in the 

N 
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M 
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RELAP5 model, the flow is assumed frictionless between these two sections, as the wall friction is 

already accounted for in the formulation of vÊ . 

3.5 Steady-State Calculation 

First, two steady-state calculations have been performed, corresponding to constant values of the inlet 

pressure, equal to pinitial and pfinal, respectively.  The RELAP5 calculations used a constant value of the 

energy loss coefficient evaluated from the Fluent simulation according to the procedure described in 

the previous sub-section.  The results are presented in Table 1. 

 

Table 1:  Steady-state mass flow rates calculated by Fluent and RELAP5. 

Inlet Pressure Fluent (kg/s) RELAP5 (kg/s) Error (%) 

p=pinitial=45 Pa 3.501·10
-3 

3.439·10
-3
 1.77 

p=pfinal=105 Pa 7.765·10
-3
 7.830·10

-3
 0.84 

 

As it is implied by the above discussion, the steady-state RELAP5 calculations are performed under 

the constraint that the energy dissipation in the area of the system delimited by S1 and S2 is the same as 

the one obtained by the Fluent calculation.  Regarding the discrepancy between the steady-state results 

provided by the two codes, we mention two possible sources of errors.  The first one is the wall 

friction upstream S1 and downstream S2; it is correctly evaluated by RELAP5 only if the flow is fully 

developed, and we can expect that this requirement is not met, at least in region adjacent to the inlet.  

The second source of error is in the formulation of the energy balance (5).  It should be, more 

correctly, substituted by the expression 
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In the previous expression v1 and v2 indicate the velocity profiles on S1 and S2 and the operator “< >” 

indicates cross section average. 

3.6 Transient Calculations 

The relation between the energy loss coefficient calculated according to (4) and (5) and the Reynolds 

number evaluated upstream the expansion for Transient I is shown in Fig. 5. 

 

 
 

Fig. 5:  Energy loss coefficient as a function of the Reynolds number for Transient I. 

 

The discontinuity in the first derivative happens at the same time as the inlet pressure reaches its 

maximum value.  We remark that the correlation (3) implies that 0Re/ <ddK loss , so it is obviously 
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unable to reproduce the pattern shown in Fig. 5.  This, of course, has an impact on the overall fidelity 

of RELAP5’s simulation.  Fig. 6 shows the comparison between the Fluent reference solution and a 

RELAP5 calculation performed using the formulation (3).  The value of CF has been set to 1.0, and the 

constants AF and BF  are the solutions of the linear system 
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Reinitial,ss is the Reynolds number in the channel obtained from a steady-state CFD calculation 

performed using a constant value of the inlet pressure equal to pinitial.  Kinitial,ss is the corresponding 

energy loss coefficient.  Similarly, Refinal,ss and Kfinal,ss refer to the steady-state calculation with inlet 

pressure pfinal. 

 

As observed before, in order to establish a closure-on-demand procedure, we must show that, if a 

correct closure is available, RELAP5 can substantially improve the result presented in Fig 6.  Such a 

closure is obviously the one plotted in Fig. 5.  Since the RELAP5 input does not allow to specify loss 

coefficients as a user defined functions of the Reynolds number, the function shown in Fig. 5 has been 

hard coded in the source of a custom compiled version of RELAP5 in the form of a table lossK  vs. 

Reynolds number.  The correct energy loss coefficient is, thus, evaluated on-the-fly by linear 

interpolation from the table values.  The comparison between the mass flow rate calculated in this way 

and the reference solution is shown in Fig 7. 

 

 
Fig. 6:  Comparison between Fluent and RELAP5 solution for Transient I. 

RELAP5 uses the correlation
0.1Re−⋅+= FFloss BAK . 

 

 
Fig. 7:  Comparison between Fluent and RELAP5 solution for Transient I. 

RELAP5 uses a look up table derived by Fig. 5 to calculate lossK . 
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The procedure outlined above has been repeated for the second transient with faster pressure ramp 

(Transient II).  Starting from the initial steady-state, the inlet pressure reaches the final value in 5 

seconds.  The relation between the energy loss coefficient and the Reynolds number for this particular 

transient is shown in Fig. 8.  

 

 
Fig. 8:  Energy loss coefficient as a function of the Reynolds number for Transient II. 

 

Fig. 9 and Fig. 10 show the comparison between the reference Fluent solution and the RELAP5 

solution with the closure 
0.1Re−⋅+= FFloss BAK  and the “correct” one, respectively.   

 

 

 Fig. 9:  Comparison between Fluent and RELAP5 solution for Transient II. 

RELAP5 uses the correlation
0.1Re−⋅+= FFloss BAK . 

 



 10 

 

Fig. 10:  Comparison between Fluent and RELAP5 solution for Transient II. 

RELAP5 uses a look up table derived by Fig. 8 to calculate lossK . 

4. CONCLUSIONS 

The system code RELAP5 and the CFD code Fluent were used to present a STH-to-CFD coupling 

procedure where a CFD code provides closures to a STH code.  This strategy can be related to a 

popular multiscale framework, namely the HMM.  In order to save computational cost, it is necessary 

to devise algorithms enabling the STH code the capacity to decide when during a transient a CFD 

simulation has to be performed.  A first step in this direction has been taken.  In this paper it has been 

shown that for a particular sample problem, in the most favourable condition when a reference CFD 

solution is entirely known, it can be used to calculate closures which substantially improve the 

solution of the STH model. 
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Abstract
In this paper, we present how DNS is being used in the context of DNB modeling. Two particular

applications are presented: wall boiling and bubble column flow. An analysis of the relevant length
scales involved shows that true DNS, where all the length scales are resolved, is necessarily restricted
to flow configurations where one or a few bubbles are involved. In the context of DNB modeling, DNS
can thus be used to study (i) the dynamics of the growth of a few bubbles with their eventual spreading
and (ii) bubble column flows to predict the void fraction field in the near wall region. To account for
collective effects in bubbly flows, we show that it is necessary to develop a new approach where the
large turbulence structures and large interface deformations are captured whereas the smallest scales are
modeled; this is the ISS method. The DNS and ISS methods are presented and preliminary results on the
use of DNS for larger scales models are presented.

1 Introduction

Studies related to nuclear reactor safety currently rely on system computer codes. These codes are based
on two-phase averaged models, such as the two-fluid model, that need to be closed. The closure relations
have been developed and extensively validated thanks to many experimental results. In system computer
codes, the models are mainly one-dimensional and the typical length scales captured are rather large
since they are of the order of a few decimeters. However, physical phenomena at this large scale may
depend on smaller scale phenomena that the model cannot and is not intended to capture: they must be
modeled. For particularly complex phenomena, this modeling is difficult, associated uncertainties are
rather large and safety margins are thus necessary. This is why the current trend is to use smaller scale
models and related codes in order to get more local and thus more accurate results. This general road
map is already applied for single-phase flow modeling and industries, such as the aeronautic industry,
routinely use, for some specific applications, models that are more accurate than the classical Reynolds
Averaged Navier-Stokes (RANS) models, such as Large Eddy Simulation. Even though two-phase flow
modeling is more complex, Computational Fluid Dynamics (CFD) is the natural trend in two-phase flow
modeling as well; one talks about Computational Multifluid Flow Dynamics (CMFD).

1.1 Two-phase flow modeling

The models used in CMFD are the equivalent of the 3D RANS models in single-phase CFD. They are
thus averaged models that require specific closure models. The physical origin of the closure mod-
els is twofold: (i) turbulence and (ii) interfacial transfers. Single-phase turbulence models have been
extensively developed and can be considered as well-known (even though progress is still necessary).
Two-phase turbulent flows are much more complex to model because of interfacial transfers that are of
crucial importance in mass, momentum and energy transfers (the latter being of primary importance in
nuclear reactor safety). Moreover, interfacial and turbulence transfers are coupled in a rather complex
way because, in general, (i) it is not possible to apply a scale separation between the structures of turbu-
lence and the size of the interfaces (as for particle flows for instance) and (ii) basic transfer mechanisms
are unknown (no equivalence of the Kolmogorov turbulence energy cascade in single-phase flows exists
in two-phase flows). Because of these theoretical difficulties, closure relations must resort on simplify-
ing assumptions, such as the bubble shape in bubbly flows for instance. These simplifying assumptions,
as well as a lack of knowledge regarding the fundamental nature of interface-turbulence transfers, limit
the range of validity of the corresponding closure models. Nevertheless, despite the modeling difficulties
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associated to averaged models, it must be acknowledged that they are the only models that can be applied
to study industrial flows.

1.2 DNS of two-phase flows

In single-phase flows, Direct Numerical Simulation (DNS) consists in capturing all the turbulence scales
of the flow, from the largest integral scale down to the smallest Kolmogorov scale. In two-phase flows,
DNS consists in capturing not only all the scales of the liquid and gas phases but also to capture all the
individual interfaces of the flow, as illustrated in Fig. 1(a). From a technical point of view, DNS of two-
phase flows is much more complex than DNS of single-phase flows, the main extra difficulty coming
from the numerical treatment of the interfaces. Indeed, it is necessary to capture the discontinuities
associated to the interfaces (e.g., mass density, heat flux, etc.) precisely and efficiently. Nevertheless,
after about two decades of development, DNS methods are now getting mature enough to be used in
applications of interest, as shown in the remainder of this paper.

DNS is potentially very powerful because it allows to get access to very detailed information in
time and space. For instance, information such as the velocity-temperature correlations 〈u′T ′〉 are very
difficult to determine experimentally, in particular in high pressure and temperature conditions charac-
teristic of nuclear safety issues, whereas this information is easily accessible numerically. However,
getting this information requires a very large computational cost. Indeed, capturing all the turbulence
scales of the flow requires a number of mesh points proportional to Re9/4, where Re is the Reynolds
number. Therefore, the range of application of DNS is and will always be limited (today to Re < 105 at
most in single-phase flows), even though the continuous increase of available computational power will
continuously broaden its range of application.

1.3 General road map

In the general perspective of two-phase flow modeling, the purpose of DNS is to go beyond the current
limitations of two-phase flow models by (i) studying basic physical mechanisms, (ii) getting detailed
information not accessible through experiments and (iii) assessing, improving or determining averaged
closure relations. However, because of the large computational cost required, it is necessary to define the
necessarily simple cases where DNS can be relevantly used. Many configurations deserve to be studied
by DNS, but it is impossible to treat them all. Moreover, our current limited knowledge of turbulent two-
phase flows prevents the use of a comprehensive matrix of basic flow configurations that would cover all
the flow configurations encountered in a general two-phase flow. This is why the following three-step
road map has been developed to define the basic flow configurations that should be studied by DNS.

1. The main industrial issues related to nuclear reactor safety are identified.

2. For each industrial issue, the key physical phenomena that are of crucial importance and that
deserve improvements are identified.

3. Simple basic configurations are defined such that (i) the key physical phenomena are present and
(ii) they can be treated with DNS (not too large computations).

In the following, this road map is briefly presented for the case of Departure from Nucleate Boiling
(DNB).

2 DNB modeling: a necessary multi-scale approach

Because of its potential destructive effect, DNB has long been identified as the most important issue
related to nuclear reactor safety: preventing the occurrence of DNB is a major safety requirement.

The general goal is to determine a predictive model for the occurrence of DNB that can be used
in CMFD models. This determination is particularly challenging for two main reasons. First, despite

2



several decades of research, the basic physical mechanisms that trigger the occurrence of the boiling
crisis are still unknown. It is thus very difficult to model this phenomenon that cannot be described. . .
Second, DNB is characterized by a sudden increase of the void fraction at the wall. This sudden increase
is likely to be influenced by the void fraction field in the vicinity of the wall just before the occurrence
of DNB. It turns out that, even for isothermal flows without phase-change, capturing the correct void
fraction field in a duct is difficult. This is because the void fraction field is highly influenced by the
forces acting on the bubbles and more precisely by the competition of the lift and turbulent dispersion
forces.

This analysis shows that the key physical mechanisms involved in the modeling of DNB occur at
the scale of a few bubbles, either in wall boiling or in bubble flows. In both cases, DNS can be used to
improve our knowledge on basic physical phenomena involved as well as our modeling capabilities.

(a) Wall boiling (b) Bubble column flow

Fig. 1: Examples of basic configurations related to DNB where DNS is relevant.

2.1 Wall boiling

Recent experimental results [e.g., Theofanous et al., 2002, Nishio and Tanaka, 2004] show that the
triggering mechanism of the boiling crisis is very likely to occur very close to the wall, i.e., at the scale
a few bubbles where very small length and time scales are involved. This explains why past attempts to
model boiling crisis based on large scale mechanisms, such as the famous Zuber model, have failed to
be used in CMFD codes to predict the occurrence of DNB. Thus, in order to study the basic physical
mechanisms at the origin of DNB, it is necessary to study the development and eventual spreading of
a few individual bubbles at a heated wall and DNS is therefore the relevant technique to be used (in
complement with dedicated experiments).

However, even at this small scale, a multi-scale approach is necessary to get quantitative results.
Indeed, in typical conditions, the bubble size at departure from the heated wall is thought to be of the
order of 100 µm. Because DNS is meant to capture all individual bubbles, all the length scales up to this
size must be captured. Considering a regular mesh, the current computational capacities are such that
physical phenomena occurring at scales smaller than about 1 µm cannot be captured (unless Adaptive
Mesh Refinement techniques are used). Any physical phenomenon occurring at scales smaller than 1 µm
must thus be accounted for through specific subgrid scale models. Now, it turns out for wall boiling, a
significant amount of the heat and mass transfer occur at length scales smaller than 1 µm. This means
that, to get quantitative results, it is necessary to model phenomena ranging from about 0.01 µm to about
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100 µm. It is thus necessary to develop and implement subgrid triple line models. However, it must be
noted that qualitative results obtained without such subgrid models might provide interesting qualitative
results.

2.2 Bubble column

Past experience in modeling and simulation of bubbly flows in pipes shows that the key phenomena that
influence the void fraction distribution in the pipe and in particular in the vicinity of the wall where it
is likely to influence the occurrence of DNB are the interfacial forces. More specifically, the important
modeling phenomena to model accurately are the lift and turbulence dispersion forces acting on the
bubbles. In order to determine the corresponding models, it is necessary to use simplifying assumptions
on the bubble shape, on the creation of turbulent kinetic energy due to the bubbles and on the influence
of the turbulence on the bubble motion. Because of a lack of detailed information on the flow turbulent
characteristics, modeling such complex phenomena is challenging and the current approach has reached
its limits. To go beyond these limitations, it is necessary to get access to this missing information.
Since the relevant phenomena occur at the scale of a few interacting bubbles, DNS is very well suited
to provide this detailed information. From the DNS results, the goal is to “measure” (numerically) the
mean physical quantities of interest (such as the mean interfacial forces, mean turbulent kinetic energy,
etc.) and to compare them to the correlations used to model them. This corresponds to a priori tests
of the models. The next step in this upscaling approach will be to propose improvements of the current
models that will be validated by DNS. However, as shown in the next section, even for simple bubbly
flows involving several interacting bubbles, DNS is limited and an intermediate larger scale is necessary.

2.3 Need for an intermediate modeling scale: the ISS method

The relevant flow conditions that must be considered correspond to those existing in a sub-channel of a
nuclear core. The typical size of a sub-channel is about 10−2 m, the typical bubble size is about 10−4 m,
whereas the typical Kolmogorov scale is about 10−6 m. This analysis of orders of magnitude shows
that about 1012 mesh points would be required for DNS to capture all the scales of the flow, which is
impossible for current computing power. DNS must thus be limited to turbulent bubbly flows involving
a very few bubbles. In order to study collective effects where many bubbles are involved, which is
necessary to get relevant turbulent flow characteristics, the effect of the smallest scales of the flow must
be accounted for through dedicated subgrid models. However, in order to keep the complex nature of
the flow, each bubble should be described individually and the complex bubble deformations should be
captured as well. Thus, the idea is to use standard single-phase Large Eddy Simulation (LES) models
in the bulk phases by still capturing the large deformations of the interfaces; this is called the Interface
and Subgrid Scale (ISS) method [Toutant, 2006]. This is illustrated in Fig. 2. As mentioned in the
introduction, the main difficulties in two-phase flow modeling are related to interfacial transfers and this
applies here since subgrid interface-turbulence transfers need to be modeled adequately.

2.4 Use of DNS and ISS results

Because of its complex nature, modeling DNB is a long-term perspective where DNS will play an im-
portant role in two aspects. First, it is currently developed to be used to study fundamental physical
mechanisms. Two main mechanisms are studied: (i) the conditions under which the nucleate boiling gets
suddenly unstable, which is characteristic of the boiling crisis, and (ii) interface-turbulence transfers with
and without phase-change on individual or a few bubbles.

Second, as shown in the previous section, in turbulent conditions, collective effects cannot be studied
by DNS because two many length scales are involved, which results in a prohibitive computational cost.
This is why the ISS method is necessary to study collective effects. ISS requires the determination of
subgrid terms that can be studied using DNS results (cf., section 3.2). ISS results will allow to make the
link between local instantaneous models (i.e., where bubbles are described individually and where the
interface deformations are accounted for) and averaged models where individual bubbles are not seen but
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Fig. 2: Illustration of the Interfaces and Subgrid Scale (ISS) modeling on the turbulent kinetic energy
spectrum (E is the kinetic turbulent energy and k is the wave number). The largest scales, including
the integral scale (ki) and the bubble scale (kb) are captured by the model, whereas the smallest scales
(> kISS) must be modeled using an adequate sub-grid model. It must be emphasized that such an energy
spectrum and in particular the influence of the bubbles is only an illustrative representation and has not
been firmly identified yet.

replaced by the void fraction. This second upscaling step is an open field of research that has just started
to emerge thanks to the maturity of the DNS techniques and to the available computer power. For this
second up-scaling step, different averaging operators are possible: statistical, volume or time averages.
However, the time average is often used to derive the two-fluid model and to determine the corresponding
closure relations. This multi-step upscaling approach is illustrated in Fig. 3.

RANS
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length scale

?
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upscaling validation of the models

Fig. 3: Illustration of the range of application of the different models and of their up-scaling validation
for two-phase and single-phase flows.

3 DNS and ISS methods and their validation

In this section, we present in more detail the DNS and ISS methods and their (specific) validation.

3.1 DNS method

The term “DNS” suggest that no model is required. However, for two-phase flows, models are required
when the interface geometry is singular (during coalescence and fragmentation) and for strong heat and
mass transfer (e.g., solid-liquid-gas triple line). These singularities deserve specific modeling, which is
nevertheless beyond the purpose of this paper.

Several DNS methods exist, the most widely used being the Volume Of Fluid (VOF), Level Set
and Front-Tracking methods [e.g., Lafaurie et al., 1994, Osher and Fedkiw, 2003, Tryggvason et al.,
2001]. The current trend is to develop methods mixing the advantages of these three methods. This is
the case of the method developed in our group [Mathieu, 2004], which is based on the Front-Tracking
method: the equations of motion (mass, momentum and energy balance equations) are solved on a fixed
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Eulerian mesh while the interface is represented by a Lagrangian mesh moving through the fixed Eulerian
mesh. This is illustrated in Fig. 5(a) where the two-dimensional triangular mesh of a spherical bubble is
represented. In any DNS method, two difficulties must be overcome: (i) interface tracking with minimum
smearing of the interfacial discontinuities and (ii) accurate moving boundary conditions. In the Front-
Tracking method, the first issue is eliminated de facto thanks to the use of a two-dimensional mesh for
the interface. This positive effect is counter-balanced by the complex treatment of the interfacial mesh.
Regarding the boundary conditions, the Ghost-Fluid Method (GFM) [Fedkiw et al., 1999] is extensively
used. This method consists in getting more accurate derivatives at the interface by extending the field
in the neighboring phase. It must be emphasized that, in most cases (i.e., apart from the triple line and
during break-up and coalescence) the interfacial boundary conditions are known: they correspond to the
well-established interfacial balance equations [e.g., Delhaye, 1974]. Thus the validation of a two-phase
DNS focuses primarily on the accuracy of the treatment of the interfacial boundary conditions.

Our numerical method is continuously validated on a large series of dedicated test-cases [Lemonnier
et al., 2005]. In this section, only two illustrative test-cases related to DNB are presented.

3.1.1 Rising bubble in a quiescent liquid

The main difficulty in the modeling of bubbly flows at the averaged scale in the determination and mod-
eling of forces acting on bubbles that highly influence the void fraction field, in particular in the vicinity
if the heated wall where it may influence the occurrence of DNB. This is why thoroughly validating the
numerical method used on a single bubble is important. Indeed, the goal is to validate the method on
known situations, determine the conditions under which good results are obtained and then use these
criteria to study more complex situations for which no reference result exists and for which resorting to
numerical simulations is thus interesting.

The test-case consists in simulating the rise of a gas bubble in a quiescent liquid. The flow is isother-
mal and no interfacial mass transfer exists. A reference numerical solution exist in [Blanco-Alvarez,
1995] where a very precise Arbitrary Lagrangian Eulerian (ALE) method has been used and the numer-
ical results obtained with our Front-Tracking method are compared to this reference solution. This test-
case assesses the combined and subtle effects of buoyancy, capillary, inertia and viscosity. The main pa-
rameter is the terminal velocity of the bubble Vb expressed in a non-dimensional form: Vadim = Vb/(gD),
where g is the acceleration of gravity and D is the bubble diameter. The simulation is fully three-
dimensional and unsteady. For the non-dimensional parameters considered (i.e., Eo = ρl gD2/σ = 40
and Re = ρl U D/µl = 20.6, where ρl is the liquid density, σ is the surface tension and U is the bubble
terminal velocity), the bubble reaches a constant rising velocity and its shape reaches a steady state (see
Fig. 4).

(a) Shape of the rising bubble at steady state (b) Time variation of the bubble rising velocity

Fig. 4: Result of the rising bubble test-case.

More quantitatively, the error on the terminal rising velocity is given in Tab. 1 for different dis-
cretizations. This table shows that the method converges and that, even for coarse meshes, the error is
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only about 1 %.

Tab. 1: Relative error of the bubble terminal velocity with the Front-Tracking method (N/D represents
the number of mesh cells in the bubble diameter).

Method and discretization N/D Vadim Error
ALE: Reference − 0.630 −

FT: 32000 4 0.638 1.3 %
FT: 108000 6 0.637 1.1 %
FT: 256000 8 0.624 1.0 %
FT: 864000 12 0.627 0.5 %

FT: 1492992 14.4 0.629 0.1 %

This test-case allows to determine some best practice guidelines for the DNS of bubbly flows. In
particular, it shows that about 15 mesh cells in the bubble diameter must be used in order to get accurate
results.

3.1.2 Evaporation of a vapor bubble in a superheated liquid

Flows involving phase-change are more complex to simulate because of the discontinuity of the fluid
velocity at the interface. Thus, when phase-change occurs, the three velocities (interface, liquid and
vapor) are all different at the interface and the determination of the speed of displacement of the interface
is more difficult. Moreover, the problem is much more coupled than without phase-change. Thus, the two
main issues are (i) the determination of the energy flux at the interface and the corresponding interfacial
mass transfer and (ii) the determination of the speed of displacement of the interface. All these issues
are non-trivial and the dedicated numerical techniques developed must be thoroughly validated.

In this perspective, we present the result of a three-dimensional test-case corresponding to the evap-
oration in zero-gravity of a vapor bubble in a quiescent superheated liquid. An analytical solution to
this problem exists [Scriven, 1959] and the numerical results are compared to this analytical solution.
The shape of the interface, the temperature field and the norm of the velocity field are presented in
Fig. 5(a). This figure shows in particular that the thermal boundary layer is rather thin compared to the
bubble diameter. Since the interfacial mass flow rate depends directly on the interfacial heat flux that
is directly proportional to the interfacial temperature gradient, it shows that it is crucial to capture the
thermal boundary layer to get good quantitative results. The quantitative comparison focuses on the time
evolution of the bubble diameter D(t): D(t)2 must be a linear function of time. Fig. 5(b) shows that
the numerical results are in good agreement with the theoretical solution. We showed that the numerical
convergence on the slope of the function D(t)2 is more than second order.

This test-case allows to determine some important best practice guidelines. In particular, it shows
that, in order to get accurate results, it is necessary that the thermal boundary layer is captured by about
3-5 mesh points.

3.2 ISS method

As presented in section 2.3, DNS can be used to study very local phenomena on one or a few bubbles.
To study collective effects while still resolving each bubble individually and the interface deformations,
it is necessary to model the smallest scales of turbulence and of the interface deformations (see Fig. 2).
The idea is to use classical single-phase LES within the bulk phases and to get a similar concept to
model the subgrid interface deformations and subgrid interface-turbulence transfers. Because the LES
concept is based on volume averaging, the idea is to apply the LES space filter not only within the
bulk phases but also at the interface. Since the interface is filtered, the interface is transformed into a
continuous transition zone as sketched in Fig. 6. We then get a continuous LES model. At this stage
of the modeling, subgrid terms have to be closed. Such a continuous LES model is not well suited for
numerical simulations because the interfacial transition zone should be captured by several mesh points,
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Fig. 5: DNS of the vaporization of a single vapor bubble in a super-heated liquid in zero-gravity condi-
tions.

which would decrease the computational efficiency of the method: the idea is to use mesh cells whose
size are that of the filter and not much smaller as would be required to capture the interfacial transition
zone. It is then necessary to transform the continuous transition zone into an equivalent discontinuous
(large) interface. The corresponding model is called the discontinuous LES model, or ISS model.

DNS Continuous LES Discontinuous LES

Conditional filter

Centered filter
discontinuity

Equivalent  

Equivalent interfaceInterface Isovalues of void fraction

Fig. 6: The ISS modeling approach. Schematic representation of resolved coherent turbulence structures
and interface in the case of a DNS, a continuous LES and a discontinuous LES.

Once this conceptual image is defined, it is necessary to develop the corresponding models. The
purpose here is not to present the detailed theoretical developments but rather to present the model
proposed and its validation (the interested reader can refer to [Toutant, 2006, Toutant et al., 2008c,a,b]).
The variables corresponding to the discontinuous LES model are denoted ψ̃ . The model proposed is the
following:

∇ · ũ = 0 (1)

∂ χ̃

∂ t
=

(
ũ · ñ+

(
ũ · ñσ − ũσ · ñσ)

+
r2

10

(
∆s

(
∂ χ̃

∂ t
ñ
)
· ñ−2∇s

(
∂ χ̃

∂ t
ñ
)

: ∇sñ
))

δσ̃ (2)
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∂ (ρ̃ ũ)
∂ t

+∇ · (ρ̃ ũ⊗ ũ) =−∇p̃+∇ · (S̃ + ρ̃ L̃ )−

σ κ̃ ñ+

+∞�

−∞

∂ (ρ̃ ũ− ρ̃ ũ)
∂ t

dξ3

δσ̃ (3)

where ũ is the fluid velocity, χ̃ is the indicator function of the gas phase (which is discontinuous at the
interface), ñ is the unit normal to the ISS discontinuous interface ψ

σ represents the interfacial average
of the quantity ψ , r represents the filter size, ξ3 is the normal direction to the interface, ∇s and ∆s
are the surface gradient and Laplacian operators, δσ̃ is the Dirac delta function associated to the ISS
discontinuous interface and

L̃ = ũ⊗ ũ− ũ⊗ ũ

S̃ = µ
(
∇ũ+∇

T ũ
)

where ψ represents the volume average of ψ (over the filter size r).
What is remarkable is Eq. (2) is that the speed of displacement of the interface is not simply the fluid

velocity at the interface ũ (as in DNS). If that were the case, only the first term of the right-hand-side of
Eq. (2) would be present. Two other contributions are present. The first one is a scale-similarity term
corresponding to the fluid-interface correlation and the second one is related to the time evolution of the
surface curvature (coming from the fact that the interface has been filtered in space). This discontinuous
ISS model and in particular these two terms appearing in the equation of evolution of the discontinuous
filtered interface must be validated. This validation is performed on an academic and relevant simulation
corresponding to the interaction of a rising bubble with an isotropic homogeneous turbulence as sketched
in Fig. 7.

Bubble

s

s

s

2

2

1

Fig. 7: Interaction of a rising bubble with an isotropic homogeneous turbulence. Simulation S1 corre-
sponds to the simulation of an isotropic homogeneous turbulence that is coupled with the simulation S2
where the bubble is present. The bubble as well as isocontours of the Q-criterion (characteristic of the
turbulence) are represented.

Using this DNS, it is possible to measure all the terms appearing in Eq. (2) and then to determine the
relative importance of each one. The corresponding results are shown in Fig. 8 where the error on the
interface transport is plotted when one of the two modeling terms appearing in Eq. (2) are accounted for
and when both modeling terms are accounted for. This figure clearly shows that both terms are necessary
to get a good approximation of the interface transport.

It is worth noting that this study corresponds to an example where DNS is used as a reference solution
to determine and validate larger scale models (here, the ISS model).

4 Preliminary results

In this section, we present preliminary results about ongoing developments concerning the general multi-
scale approach presented in section 2.
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Fig. 8: Time evolution of the interface transport error in the case of a model (i) with only the similarity
scale (dotted line), (ii) with only the time evolution of the curvature (dashed line) and (iii) combining the
two terms (continuous line). The error is the difference between the actual speed of displacement of the
ISS interface determined from DNS and the ISS model proposed.

The first case corresponds to the first a posteriori test of the ISS model. As presented in the previous
section, the ISS model has been validated thanks to a priori tests based on DNS results only. Here, the
ISS model (corresponding to Eqs. (1)-(3)) has been implemented (still using the Front-Tracking method
described in section 3.1) and the results obtained with the ISS method are compared to those obtained
with DNS. The goal is to check that similar results are obtained by DNS and ISS but with a coarser
discretization with the ISS method: the subgrid ISS terms are supposed to account for important subgrid
effects that cannot be captured by the discretization used and that must thus be accounted for through
subgrid additional terms in the equations of motion (see section 3.2).

The test-case considered corresponds to a two-dimensional rising gas bubble in a quiescent liquid.
The non-dimensional parameters considered (Mo = g µ4

l /(ρl σ3) ' 10−5 and Eo ' 5) are such that the
rising bubble is wobbling as shown in Fig. 9(a). The validation is performed on the time evolution of
the vertical component of the bubble velocity as shown in Fig. 9(b). The first simulation corresponds to
an under-resolved DNS simulation on a coarse mesh (200 mesh cells). The second group of simulations
corresponds to resolved DNS on a fine mesh (600 mesh points); these simulations are converged and can
be considered as reference solutions. The last simulation corresponds to an ISS simulation on the coarse
mesh (i.e., 200 mesh points). Fig. 9(b) shows that the ISS results obtained on the coarse are in very good
agreement with the DNS results obtained on the fine mesh. This result shows that the ISS subgrid terms
do account for the correct interface-turbulence transfers necessary to get the correct complex motion
of the bubble. This result clearly indicates that the ISS method can confidently be used to predict the
correct motion of bubbles and thus broadens the range of application of interface tracking methods to
study many deformable bubble flows. This is an ongoing research, especially in three dimensions.

Because of the difficulties inherent to the DNS with phase-change, the strategy developed is first to
study non-miscible and isothermal phenomena and then to extend the working methodology to phase-
change phenomena. Because the ISS method has convincingly shown its potential to study larger scale
phenomena, we currently develop the same strategy accounting for phase-change. As in the non-miscible
case, the first step is to determine the terms that must be modeled and then to test the proposed closure
relations thanks to a priori tests on resolved DNS. This is an ongoing work. One of the simulations
considered is that of a two-dimensional bubble in a “turbulent” channel flow as shown in Fig. 10. In this
study, the temperature of the channel walls is kept constant below the saturation temperature so that the
bubble condenses. In two-phase averaged model, one of the key physical quantities is the volumetric
mean interfacial area Ai. The time evolution of Ai is shown in Fig. 10(b). The variation of Ai is due
to two phenomena: phase-change and turbulence-interface interactions. To determine the variations due
to phase-change only, we use the bubble volume to determine the area of the equivalent circle (i.e.,
2
√

π V , where V is the –two-dimensional– bubble volume). Both surface area variations are plotted
in Fig. 10(b). It is thus possible to determine the relative surface area due to turbulence as shown in
Fig. 10(c). This figure shows that, in this particular case, the variation of the surface area can be up to
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Fig. 9: A posteriori test of the ISS model on a two-dimensional case of a single rising bubble.

25% of the equilibrium circle surface area.
Even though these results are preliminary, they show how DNS can provide qualitative as well as

quantitative results about complex interface-turbulence interactions that can be directly used to assess or
develop averaged two-phase flow models.
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Fig. 10: Vapor bubble condensing in a two-dimensional “turbulent” channel flow and corresponding
variations of the bubble surface area.

5 Conclusions and perspectives

In this paper, we present a multi-scale approach of two-phase flow modeling in the perspective of de-
termination of predictive models for DNB. In the approach presented, DNS plays a central role and is
applied to two particular relevant situations: wall boiling and bubble column flow. DNS is necessarily
restricted to very small domains but can be applied to study basic physical mechanisms at the scale of
one or a few bubbles. It is thus particularly relevant to study the triggering mechanism of the boiling
crisis that involves very small time and length scales that are very difficult to capture experimentally.
We also showed that, in a multi-scale approach of bubbly flows, multi-bubble collective effects cannot
be studied by DNS and that larger scale models are necessary. This is why the ISS is being developed
in order to capture the large scale turbulence structures and interface deformations and to account for
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the smallest scales effects through dedicated subgrid models. We showed that DNS is used to validate
subgrid models. Preliminary results show the potential of DNS and ISS to assess averaged models of
two-phase flows.

In future works, we will use DNS and ISS simulations to assess averaged models quantitatively. We
will also develop ISS subgrid models for two-phase flows with phase-change.
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Abstract 

 

The paper centers on the use of the so-defined LEIS approach (Large-Eddy & Interface Simulation) 

for turbulent multifluid flows present in thermal hydraulics applications. Interfacial flows involving 

deformable, sheared fronts separating immiscible fluids are shown to be within reach of this new 

approach, featuring direct resolution of turbulence and sheared interface deformations within the 

Interface Tracking (ITM) framework, such as Level Sets and VOF. In this technique supergrid 

turbulence and interfacial scales are directly solved whereas the sub-grid (SGS) parts are modelled, at 

least the turbulence part of it. First results are shown (feasibility), and difficulties and open issues are 

discussed. The connection between these two particular scales will also be discussed, and potential 

modelling routes evoked, including combining two-fluid and ITM, local grid refinement, or combing 

particle tracking and ITM for sub-grid inclusions smaller than the grid size.  

1. INTRODUCTION 

The computational thermal-hydraulics scene has gone through successive transitions, motivated by 

new needs and developments. The starting point of the analytical modelling was based on lumped 

parameter and one-dimensional approaches almost four decades ago, ignoring the shape of the 

interfaces and neglecting turbulence effects. More refined strategies like the quasi-multidimensional 

sub-channel models have followed and are still in use for practical safety analysis. The first real 

transition triggered in the 1980s focused on removing gradually the limitations of 1D modelling by 

further developing the two-fluid model for 3D turbulent flow problems. This is now the state-of-the-

art. The advent of the so-called Interface Tracking Methods (ITM) in the early 90s, which permit to 

better predict the shape of interfaces while minimising the modelling assumptions for momentum 

interaction mechanisms, has somewhat shifted the interest, forcing the research towards a new 

transition. The most recent transition is now underway: it specifically centers on the use of these new 

simulation techniques (ITM) for practical thermal-hydraulics cases, after it has been validated for 

canonical two-phase flow problems, including bubble rise, drop splashing or bouncing, stratified air-

water flows, and many other examples (Lemonnier et al., 2005). But this latest transition poses 

interesting challenges to the computational thermal-hydraulics community, and raises some specific 

questions: how to migrate from averaged two-fluid formulation modeling to more refined interface 

tracking prediction (or combine them when necessary), and from steady-state Reynolds averaged 

modelling to unsteady large-scale turbulence simulation. The transition is not a matter of availability 

of computational power and resources only, but a question of adequacy of code algorithmic 

(precision), complex meshing, and proper modelling of the underlying flow physics, both in the core 

and near the interfaces. Some recent developments in this area were reviewed by Yadigaroglu and 

Lakehal (2005) with emphasis on both single- and multi-phase thermal-hydraulics.  

 

This paper is written in that spirit, centering on a new concept that combines the strength of these ITM 

methods with the advantage of unsteady, large-scale prediction of turbulence, known as the Large-

Eddy Simulation (LES). The outcome of this combination is a better way to capture transients of 

interfaces and associated turbulence, while minimising modelling (of both: turbulence and interface 

dynamics). This is the reason why we refer to this approach as LEIS: solving in time as much 

interface and turbulence scales as possible. We will here limit the mathematical derivations; instead, 

we will focus on premises, difficulties and required future developments. 
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2. SCALE SEGREGATION IN MUTLIPHASE FLOW 

2.1 Nature and forms 

 

 
Figure 1: An idealized wave representation. 

 

Multiphase flows appear under various forms depending on the nature of the involved fluids and their 

rate of presence in the system. A fluid-fluid system may be defined as a ”mixed flow” if the 

transported phase is rather dilute in the carrier phase, meaning that the fluids do not exert substantial 

momentum exchange on each other, allowing the transported phase to diffuse into the carrier media 

by molecular and turbulent effects. In this class of flow the density ratio between the phases is rather 

small, e.g. snow avalanches, pollutant motion or sediment transport. A fluid-fluid system can be 

classified as” interpenetrating media” if the characteristics length scales of the transported phase are 

high enough such that the momentum exchange mechanisms become important. Here the density ratio 

between the phases is in general large. This category of problems within reach of this technique 

encompasses, for example, bubbly plumes and hydrocarbon pipe flows, though essentially true for the 

bubbly and churn flow regimes. In ”interfacial flows” the fluids are separated by a distinct large-scale 

interface. Stratified pipe flow and sea water waves belong to this category. Distinct (in shape and 

density) small entities, such as solid particles, liquid droplets and bubbles form generally a ”dispersed 

flow” system. What differs the mixed flow from the interfacial and/or dispersed flow is the rate of 

variation in space of the interface topology, defined here as interfacial scales (IS), with a spectrum 

ranging from sea wave amplitude to bubble or droplet diameter. Turbulence is rather specific to each 

phase separately, although its creation or dissipation is partly due to the way IS interact with each 

other. But this is another more complicated facet of the problem beyond the scope of work here.  

2.2 Scale segregation 

The segregation of scales in multiphase flow is needed to pose the development of numerical and 

modelling techniques on solid grounds. To illustrate this notion, we proceed by analyzing the 

canonical wave breaking problem depicted in Figure 1. This flow (it could have been a slug-flow in a 

pipe; apart from the confinement, indeed) involves a hierarchy of length scales. Further, we need to 

look at the flow as a combination of turbulence scales (TS) acting in tandem with the interfacial 

scales defined previously. As to the flow dynamics, the wave develops by the action of pressure and 

wind-shear by extracting kinetic energy from the mean flow; it ultimately breaks into small scales and 

dissipates its energy. The whitecap or a micro-breaking layer, where the fluids are hardly 

distinguishable, forms subsequent to wave plunging across depth. Turbulence is generated in some 

specific flow portions, i.e. on both sides of the sheared surface, at the sea bottom created by friction, 

and subsequent to jet plunging. The spectrum of turbulence varies drastically depending on the 



   

 3 

imposed wind conditions and sea depth: very large or integral scales are formed on top by the actions 

of air entrainment with the waves, whereas smaller ones evolve at the crest of the wave, near breaking, 

and mostly within the whitecap layer. The core liquid is also turbulent, featuring upwelling motions 

from below. Sea-spray droplets created by wave plunging disperse and deposit in response to the air-

side turbulence. The picture is complete; it needs now to be translated in terms of modeling or 

simulation principles, more specifically: What is a TS and what is an IS; how much of the TS and IS 

we wish to capture, for what purpose, and what is the adequate modelling framework for the available 

computing resources/grids.  

 

The wave scenario requires clearly tailored computational methods since it presents various facets in 

terms of toplogy/interface scales (IS). Sea sprays dynamics should be simulated using a Lagrangian 

particle tracking method, because the droplets are typically smaller than the grid size, and therefore 

not explicitly resolvable. The whitecap mixed layer can only be treated using an averaged two-fluid 

formulation, because the gas phase is heavily mixed with water. Wave deformations can be simulated 

using ITM’s, because the interface is large and clear enough to separate air from water. Sediment 

transportation can be simulated using the Eulerian field approach, if the density of the suspended 

material is not appreciably different from the water density. These CMFD techniques were classified 

by Lakehal (2002). In this paper we are interested in the interfacial turbulent flow regime only. 

3. INTERFACIAL TURBULENT FLOWS 

3.1 Dealing with interfaces (IS) 

Interfacial flows refer to two-phase flow problems involving two or more immiscible fluids separated 

by sharp interfaces which evolve in time. Typically, when the fluid on one side of the interface is a 

gas that exerts shear (tangential) stress upon the interface, the latter is referred to as a free surface. 

Interface tracking/capturing schemes are methods that are able to locate the interface, not by 

following the interface in a Lagrangian sense (e.g., by following marker points residing on the 

interface), but by capturing the interface by keeping track, in an Eulerian sense (the grid is fixed), of 

the evolution of an appropriate field such as a level-set function, a volume-fraction field, a phase-

indicator field or colour function. Broadly speaking, there are two computational approaches to 

solving interfacial flows: front tracking/capturing and interface tracking/capturing methods.  

 

In front tracking, markers are tracked on an interface in a Lagrangian sense as the interface evolves, 

although the underlying flow field may be solved on a fixed Eulerian grid. The interface tracking 

variant treats such problems by capturing the interface via an implicit representation. Examples 

include the Level-Set method (Sussman et al., 1994), in which the interface is considered to be a level 

surface of a function that is defined over all space, and the VOF method (Hirt and Nichols, 1978), in 

which the location of the interface is captured by keeping track of the volume fraction of each 

computational cell in the grid with respect to one of the fluid phases. Be it as it may, the literature has 

made it such that the level-set approach, front tracking using markers (Unverdi and Tryggvason, 

1994), the Second Gradient (Jamet et al., 2001) and VOF methods are referred to as ITM’s (Lakehal 

et al., 2002a). 

 

ITM’s are used for the prediction of two-phase flows requiring precise interface identification. Use is 

made of a single-fluid set of conservation equations with variable material properties and surface 

tension forces, a concept known as the single-fluid formalism (Kataoka, 1986). The idea is attractive – 

though expensive- since it offers the prospect of a more accurate strategy than the two-fluid formalism, 

while minimizing modelling assumptions. Large interfacial deformations are within reach of the 

method, thus dealing with the ‘IS’ part of the flow picture discussed previously. The open issue here 

is the relationship between the largest and smallest IS and their dependence with turbulence.  
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3.2 Dealing with turbulence (TS) 

 

 
Fig 2: PIV image of hydraulic jump, showing the interfacial boundary layer (Misra et al., 2008). 

 

The turbulence (TS) part of the flow picture refers to the variations of flow scales within each phase, 

the spectrum of which obeys the well-known ‘turbulence cascade’, meaning that the largest integral 

length scales of size L scale with the smallest or Kolomorov length scales (denoted as h) with the 

Reynolds number raised to some power. This is a well-established theory, valid for high-Re flows in 

particular. Reynolds averaged Navier-Stokes equations (RANS) are based on averaging the length 

scales over time, and represent their effects by momentum diffusivity expressed in terms of an 

augmented viscosity; adding the so-called eddy viscosity. Applying this approach in unsteady 

conditions should predict the most dominant flow modes, like shedding, but still smooth out the sub-

scales. The same RANS strategy has been borrowed and applied to two-phase flow problems (mainly 

bubbly flows) within the two-fluid formulation, with various model adaptations. The limitations of the 

RANS approach for both single and two-phase flows are now thoroughly quantified.  

 

The picture shown in Figure 2 illustrates best the interaction or co-existence of turbulence and surface 

deformations in a hydraulic jump (Misra et al., 2008). The solid line depicts the free-surface topology 

(IS); the dotted line shows the calculated ‘mean’ actual free surface. The interfacial sublayer is the 

fluid layer evolving underneath the free surface, delimited by the solid and dotted lines. Turbulence is 

active in the liquid side as suggested by the illumination technology employed in the experiment, but 

without providing a clear indication of the size of the structures (TS). The same is true on the upper 

air side, though not visible in the picture. The interfacial sublayer is substantially sheared and seems 

to interact with the free surface, which features intermittently high and low curvature areas. To what 

extent this phenomenon can be affected by underlying turbulence is not clear, however, what matters 

when it comes to the prediction of this flow is to avoid having to smooth out either surface 

deformation (IS) and/or turbulence structures (TS). 

 

The combination of LES with one-fluid, IT formulations could lead to the simulation of the large-

scale physics in the fluids down to the grid-resolved level (LEIS) of problems similar to the one 

depicted in Figure 2 above, but understandably not for flows populated by bubbles (for the time 

being). Recent attempts in our group related to the use of LEIS were successful for turbulent large 

bubble formation and break-up (Liovic et al., 2003; Liovic and Lakehal, 2007a) and wave breaking 

(Liovic and Lakehal, 2007b). The idea consists of grid-filtering each phase separately; the resulting 

sub-grid scale (SGS) stresses are modelled as if they were isolated. Special treatment may be 

necessary at the interface though, taking advantage of the fact that the lighter phase perceives the 

interfaces like deformable walls (Fulgosi et al., 2003). In LES, the grid size is related to the smallest 

resolvable eddy length scale (TS) on each side of the interface. In ITM the smallest IS that can be 

captured on a given grid is of the order of the grid cell; slightly larger with the Level Set than with 

VOF for instance. The combination of the two brings a notable difference, that is: besides delivering 
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the time-dependent interfacial kinematics (and provided the method could achieve sufficient 

resolution for the boundary layers at the interfaces), the need to model the interfacial exchange terms 

in the two-fluid phase conservation equations is eliminated. For the time being this is limited to 

interfacial flows defined above, and will remain not feasible for dispersed gas-liquid flows; the effort 

needed to track all interfaces and compute accurately the gradients at the interfaces in, say, bubbly 

flow would have been prohibitive.  

3.3 The LEIS alternative 

The microscopic, single-fluid equations for incompressible two-fluid flow under isothermal flow 

conditions known as the one-fluid formulation take the following conventional form (Kataoka, 1989): 

0
t

ρ ρ∂ + ∇ =
∂

u    (1)  

( ). . sg
t

ρ ρ ρ γ κ δ∂ + ∇ = ∇ Π + +
∂

u
uu n    (2) 

where ( )TpI µΠ = − + ∇ + ∇u u  is the viscous stress, with u standing for the fluid velocity and p for 

the pressure, ρ is the density, and µ is the viscosity. The third term in the RHS of (2) represents the 

surface tension force, with n standing for the normal vector to the interface, κ for the surface 

curvature, γ for the surface tension coefficient of the fluid, and δs for a smoothed Dirac delta function 

centred at the interface. Material properties are updated locally based on a phase marker field referred 

to as C ( = 1 in the liquid and = 0 in the gas), denoting a level-set function or a liquid volume-fraction: 

. .(1 )
L G

C Cρ ρ ρ= + −    (3) 

Other material properties like viscosity, thermal conductivity and heat capacity are also updated in the 

same way. To track the interface and update material properties, a topology equation is solved for C: 

0
C

C
t

∂ + ∇ =
∂

u    (4)  

In the Level Set technique employed in our code, too, the interface between immiscible fluids is 

represented by a continuous function φ, representing the distance to the interface that is set to zero on 

the interface, is positive on one side and negative on the other. In the VOF variant, also implemented 

in our code (Liovic et al., 2006), C represents a volume of fluid fraction. ITM techniques refer to the 

additional algorithms that permit solving (4) without smearing the interface: Level Sets, VOF, etc. 

Conceptually these methods are in principle capable of capturing the topology of the interfaces, and 

resolving accurately the interfacial boundary layers, independent from the Reynolds number. If this 

were the case then these are nothing else than full DNS, since they resolve all TS and all IS motions at 

the same time. Practically this ultimate goal is rather elusive since the grid necessary to predict the 

motion of all TS scale with ~ Re
3
. Instead, one is forced to solve the flow on grids that scale with Re

n
, 

where n is clearly smaller than 3, leaving the difference to diffusive-based modelling like in RANS, 

albeit with a clear separation between resolved and unresolved or sub-grid scales (SGS). 

 

What makes the separation of scales feasible and controllable in the finite-volume/difference concept 

is the mesh itself, since it reflects the material support for the flow to vary in space and time. We can 

now re-work the transport equations (1-4) in view of adapting them to this new avenue. In the LES 

terminology, the flow scales smaller than the grid cell (∆3 
= δxδyδz) are defined by:  
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' ( , ) ( , ); ( , ) ( ' : ) ( ', ) '
D

f f x t f x t f x t G x x f x t dx= − = − ∆∫  (5)  

and (unlike in RANS) are such that ' 0f ≠ , and where the integral over the entire domain D refers to a 

convolution product involving a specific space filter G. Rigorously speaking, only spectral CFD codes 

involve explicit filtering using well-defined filters G (e.g. Gaussian, top-hat, sharp cut-off); in finite-

volume/differences approaches, however, G is implicitly determined by the grid cell (a sort of top-hat 

filter). This definition applies to the velocity, pressure and temperature fields, but not to material 

properties, and thus not to the associated phase indicator function C, by virtue of Eq. (3), all the more 

the hypothesis of dilute phase is not applicable in this context. The LES strategy eliminates thus the 

statistical averaging of the large scales since it is based on “space filtering”. What is the advantage: 

restrict the modelling to SGS scales which are more homogeneous and uncorrelated with the energetic 

scales (larger ones), at least for high-Re flows, and thus amenable to more appropriate physical 

modelling than if we were to deal with the entire turbulence spectrum without distinction. 

 

Be it as it may, the filtered form of the system of equations (1-4) have already been developed (Liovic 

et al., 2003; Liovic and Lakehal, 2007a,b, Labourasse et al., 2007). The main difference with the 

filtered single-fluid flow equations is the necessity to consider density and viscosity variations while 

defining the convolution operation (5). This was first taken into account by Lakehal et al. (2002b) in 

the framework of two-fluid LES by introducing the so-called Component-Weighted Volume 

Averaging (CWVA) using C function; the same could apply to interfacial flows though relying on 

density rather than on C. More specifically, the filtered system of one-fluid equations read: 

�( ). 0
t

ρ ρ∂ + ∇ =
∂

u    (6)  

%( ). 0
C

C
t

∂ + ∇ =
∂

u    (7)  

%
% %( ). . sg E

t

ρ ρ τ ρ γ κ δ∂
 + ∇ = ∇ Π − + + + ∂

u
uu n  (8) 

where % ρ ρ≡u u  at the interface and % ≡u u  away from it, � % %( )τ ρ≡ −uu uu  is the SGS stress tensor, 

E  is the sum of the convolution-induced errors that were shown by Liovic and Lakehal (2007a) and 

Labourasse et al., (2007) to be negligible. Away from the interface the filtered mass conservation 

equation reduces to a pure divergence of the velocity field: %. . 0∇ = ∇ =u u . The issue concerning the 

filtered surface tension has also been resolved by the authors cited above: rigorously speaking, the 

term sγ κ δn  can be written as s s
κγ κ δ γ κ δ ε= +n n , where the error term should be contained 

within the last sum term in (8). This term was indeed found to be negligible compared to the SGS 

stress tensor by the same authors, both in 2D and 3D. Furthermore, in almost all ITM methods the use 

of a filter (e.g. 9-cell stencil) for the surface tension is common to avoid divergence of the solution. 

Filtering the surface tension force has less to do with turbulence, and should therefore not be 

necessarily linked to the modelling of the SGS stress tensor, at least not in the same manner. 

 

The term requiring modelling in the above equations is the SGS stress tensor alone. Many model 

variants have been employed so far, and the conclusion is rather clear (Reboux et al., 2006): the most 

important element to consider in SGS modelling is to accommodate the decay of turbulence near-

interface boundary layers very much the same way as in wall flows. This can be achieved by explicit 

eddy viscosity damping, with the Dynamic approach of Germano et al. (1991), or by the use of the 

Variational Multiscale Model (VMS) of Hughes et al. (2001). In VMS the effect of the unresolved 

sub-grid scales is restricted to the small-large scales, the portion of the turbulence spectrum upper-
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bounded by the SGS cut-off and a lower-bounded cut-off twice as large as the first one. The MILES 

approach (Monotonically Integrated LES) of Fuerby and Grienstein (1990) that leaves the SGS to the 

numerical truncation errors can also be used for mild-Re flows, within the finite volume approach.   

 

The SGS modelling within the eddy-viscosity framework makes ijτ  proportional to the strain 

rate ijS : 

� �2
int2 / 3; ( ) 2ij t ij ij kk t ij ijS f Cs S Sµτ ν δ τ ν −= − + = ∆  (9) 

Here the length scale is based on the cell size, and the value of the model coefficient CS is set equal to 

0.1 in the core flow. In the presence of shear – either near the wall or in the vicinity of deformable 

surfaces where the viscous sublayer is well resolved – eddy viscosity models generally need to 

incorporate a damping function fµ-int in order to accommodate the near-wall/interface limiting 

behaviour in low-Re number flow conditions. Similar ‘corrections’ need to be introduced when eddy 

viscosity models are employed for interfacial two-phase flows, where the lighter phase perceives the 

surface like a rigid wall (Fulgosi et al., 2003). A systematic LES study of the flow investigated by 

Fulgosi et al. (2003) using DNS performed by Lakehal et al. (2005) has shown that without such 

modification the Smagorinsky model alone becomes excessively dissipative, just as it tends to be for 

wall-bounded flows. For low to moderate interface deformations the DNS database of Fulgosi et al. 

(2003) provided an exponential dependence of intfµ on the distance to the interface for the gas side:  

int 2 3
0 1 2int int int1 exp ( )f a y a y a yµ

+ + += − + +    (10) 

where a0, a1 and a2 are model coefficients, and intint /y u ν+ = Φ  is the so-called “interface turbulence 

unit” length scale, defined based on intu , the interfacial shear velocity, and Φ , the distance to the 

interface (level set function or reconstructed distance to the interface from raw VOF data). In a 

companion paper (Liovic and Lakehal, 2007b), the authors have introduced and validated the 

algorithm for extracting the ingredients necessary for estimating this length scale from the flow field – 

namely the air-side interfacial shear/friction velocity and the reconstructed distance function. The 

SGS model (9) modified with (10) has been validated by Liovic and Lakehal (2007b) for a Taylor-

Couette flow and for the stratified counter-current air-water flow of Fulgosi et al. (2003). Actually, a 

similar near-interface damping is required on the liquid side, too, but this is discussed in a future 

contribution of the authors. 

4. THE NUMERICAL APPROACH 

4.1 TransAT
©
 Multiphase Flow Software   

The CMFD code TransAT© developed at ASCOMP is a multi-physics, finite-volume code based on 

solving multi-fluid Navier-Stokes equations. The code uses structured meshes, though allowing for 

multiple blocks to be set together. MPI parallel based algorithm is used in connection with multi-

blocking. The grid arrangement is collocated and can thus handle more easily curvilinear skewed 

grids. The solver is pressure based (Projection Type), corrected using the Karki-Patankar technique 

for low-Mach number compressible flows. High-order time marching and convection schemes can be 

employed; up to third order Monotone schemes in space. Multiphase flows are tackled using interface 

tracking techniques for both laminar and turbulent flows, where the flow is supposed to evolve as one 

fluid having variable material properties, which vary according to the colour function as it is advected 

by the flow, identifying gas flow regions from the liquid phase. Specifically, both the Level-Set and 

the Volume-of-Fluid methods can be employed to track evolving interfaces.  
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4.2. The Immersed Surfaces Techniques (IST) 

Immersed boundary (IB) techniques have been developed in the late 90s for flows interacting with 

solid boundary under various formulations. The mostly known formulation for instance employs a 

mixture of Eulerian and Lagrangian variables, where the solid boundary is represented by discrete 

Lagrangian markers embedding in and exerting forces to the Eulerian fluid domain. The interactions 

between the markers and the fluid variables are linked by a simple discretized delta function. IB 

methods are all based on direct momentum forcing (penalty approach) on the Eulerian grid. The 

forcing should be performed such as it ensures the satisfaction of the no-slip boundary condition on 

the immersed boundary in the intermediate time step. This forcing procedure involves solving a 

banded linear system of equations whose unknowns consist of the boundary forces on the Lagrangian 

markers; thus, the order of the unknowns is 1D lower than the fluid variables.  

 

The Immersed Surfaces Technology (IST) has been developed by ASCOMP GmbH (to the best of our 

knowledge), although other similar approaches have been developed in parallel. The underpinning 

idea is inspired from Interface Tracking techniques for two-phase flows (Level Sets), where free 

surfaces are described by a hyperbolic convection equation advecting the phase color function. In the 

IST the solid is described as the second ‘phase’, with its own thermo-mechanical properties. The 

technique differs substantially from the Immersed Boundaries method of Peskin, in that the jump 

condition at the solid surface is implicitly accounted for, not via direct momentum forcing (using the 

penalty approach). It has the major advantage to solve conjugate heat transfer problems, in that 

conduction inside the body is directly linked to external fluid convection. The solid is first immersed 

into a cubical grid covered by a Cartesian mesh. The solid is defined by its external boundaries using 

the solid level set function. Like in fluid-fluid flows, this function represents a distance to the wall 

surface; is zero at the surface, negative in the fluid and positive in the solid. The treatment of viscous 

shear at the solid surfaces is handled very much the same way as in all CFD codes. 

4.3. The Block-Mesh Refinement (IST) 

The BMR technique was developed in the TransAT code to help better solve the boundary layer zone 

when use is made of the IST technique discussed above. In BMR, more refined sub-blocks are 

automatically generated around solid surfaces; with dimensions made dependent on the Reynolds 

number (based on the boundary layer thickness). An unlimited number of sub-blocks of various 

refinements can be generated, with connectivity between the blocks matching up to 1-to-8 cells. This 

method can save up to 75% grid cells in 3D, since it prevents clustering grids where unnecessary.  

5. VALIDATION 

The stratified air-water flow of Fulgosi et al. (2003) is the right validation case for SGS modelling, 

since a complete DNS data base is available for comparison, and because the flow does not feature 

interface fragmentation that would have complicated the analysis. Here we compare model (9-10) 

with the DNS data, the under-resolved DNS without SGS modelling. The comparison includes the 

results of the VMS approach of Hughes et al. (2001), in which in contrast to filtering the equations are 

derived by applying a priori scale separation to the primitive equations; i.e. by projecting the exact 

solution on a smaller function space. This virtually avoids having to model the unresolved interfacial 

scales that appear in the filtered single-fluid equations. Numerical experiments in wall bounded flows 

have shown the VMS approach to lead to the definition of self-adaptive SGS models, similar to the 

dynamic strategy based on the Germano identity. This means that it should virtually dispense with 

near-wall turbulence treatment, which stimulates its extension for interfacial two-phase flows. 

Specifically, the velocity field is partitioned into coarse-scale and fine-scale components. The 

dynamic model yields an eddy viscosity with too much activity in the large scales, a difficulty avoided 

by the VMS approach by restricting the activity to the small-scale portion of the spectrum.  
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Fulgosi’s (2003) flow is well documented in the literature; briefly, it involves turbulent gas and liquid 

stream flowing in opposite directions in a channel at a shear-Reynolds number of 170 (equivalent to 

bulk Re = 3400). The sheared interface is allowed to deform in space and time by solving a 

convection equation for the surface elevation. The DNS solution method uses a pseudo-spectral 

algorithm, and is referred to as the Boundary-Fitting Method, solving separately the two phases. 

Details of the comparison are available in Reboux et al. (2006). 

 

  
Fig 3a: RMS velocities on the gas side: -- DNS (64

3
); 

000 Smagorinsky;       (9-10); ++ DNS (32
3
). 

Fig 3b: Shear stress <u’w’> on the gas side: the 

same nomenclature applies as in left panel. 

 

  
Fig 4a: RMS velocities on the gas side:  

-- DNS (643); 000 VMS (323); ++ DNS (323). 

Fig 4b: Shear stress <u’w’> on the gas side: the same 

nomenclature applies as in left panel. 

 

We first proceed by a comparison between full DNS (64
3
), under-resolved DNS (32

3
) and selected 

LES results obtained with the reference and modified Smagorinsky models (9-10); this is discussed in 

the context of Figs. (3a) and (3b) for the gas phase, where turbulence intensities and shear stress are 

compared as a function of the non-dimensional distance to the interface; the graphs include the results 

of the under-resolved DNS (32
3
). It is clearly shown that without an SGS approximation the results 

deviate considerably from DNS. While the fluctuations are underestimated in the streamwise 

directions, they are grossly overestimated in the spanwise and vertical directions. The SGS model of 

reference is clearly dissipative, and this can be judged from the shift of the peak in turbulence 

intensity, which corroborates with the shift in the turbulent shear stress observed in the right panel of 

the figure. The turbulent shear stress plotted in Fig. (3)b are correctly predicted by model (9-10).  

 

Turning now to the VMS results, overall the quality was better than with model (9-10) but at the 

expenses of a fine tuning of the model parameters, namely the type and size of the cut-off filter, the 
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ratio of the two filter widths employed. Figures (4a) and (4b) compare indeed the VMS (32
3
) results 

of the turbulence intensities and shear stress on the gas side. The agreement with the full DNS is 

perfect; the same is true for all other quantities, on both sides of the interface. 

6. PRACTICAL EXAMPLES 

6.1 Slug formation in circular pipes  

 

 

Figure 5: Computational multi-block grid using BFC. 

 

A full 3D computational domain is considered in these simulations. A portion of the grid is shown in 

Figure 5. The pipe length is 6.3m, and the diameter is 0.14 m. The multi-block grid strategy is used to 

cover the domain with adjacent sub-domains. Here boundary fitted grids were used rather than the 

IST. The blocks are distributed between 12 processors for MPI parallel execution. The results 

presented here were obtained for a grid composed by nearly 360,000 curvilinear cells distributed over 

12 blocks. The LEIS approach was employed here, though relying on the Level-Set technique for 

interface tracking rather than VOF. SGS modelling was achieved using model (9-10). The inflow 

boundary conditions involve fixing the superficial gas and liquid velocities and the void fraction, as 

specified in the experiments of Martin et al. (2005). The right-end of the cap was left open now; 

Neumann boundary conditions for the velocity field were used, in combination with a special scheme 

for the void fraction to control global and phase-specific volume conservation. Specifically at the 

inflow, we have set the following values for the turbulent flow conditions: gas superficial velocity = 

14m/s; liquid superficial velocity = 0.5m/s; void fraction = 50%. An initial flow disturbance was 

applied in the entire flow domain, based on the wall shear Reynolds number.     

 

The development of waves in the gas liquid pipe flow is shown for the case of 14m/s inlet gas velocity 

and 50% void fraction in the next figures. Figure 6 shows successive surface displacements predicted 

at various successive time steps. A first wave mode is seen to develop under the action of pressure and 

interfacial shear at about 1.5D from the inflow plane.  

 

The surface of this wave is clearly three-dimensional. Small slope waves are developed further 

downstream. A second mode is formed in the wake of the first one, which seems to merge further 

downstream just before slug formation. The slug forms only far downstream at six pipe-diameters 

from the inflow. The difference with earlier 2D simulations is that the short, low-amplitude waves 

formed prior to sealing are three-dimensional in nature, distributed non-homogeneously in the 

spanwise direction over the surface. Other subsidiary modes are subsequently formed, which merge to 

form new slugs as during the initial stage. Note too that downstream the slug, surface displacements 

of various slopes and wave lengths are formed, subsequent to the strong interaction of the surface with 

the gas shear and turbulent structures, as shown in the corresponding section. We also note that the 
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initial wave mode formed before sealing are laterally inclined, and cannot be considered as sinusoidal 

waves. The last panel of the figure shows the instability of the wave crest as it seals, leading to strong 

surface wrinkling, as it has been found in breaking waves by Liovic and Lakehal (2007b). 

 

  

   

Figure 6: surface displacements at various time instants.  

 

 

 

Figure 7: Vortex shedding past the slug coloured by u’I, highlighting wave breaking after slug sealing  
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Figure 8: Positive and negative vorticity contours (x and z components) 

 

The subsequent blockage formed by the liquid causes more liquid accumulation with time, and this 

seems to further isolate the gas slugs. The mechanism repeats itself and successive slugs form along 

the pipe. Figure 7 shows the iso-contours of the free surface, combined with three velocity contours, 

each displayed on the 2D central y-z plane. These panels show something unusual, that is the 

formation of vortex shedding past the slug, immediately after sealing. This observation is 

corroborated by all three instantaneous velocity- component contours, in particular w’.  

 

The mechanism is similar to what may be expected in flows past fixed blunt bodies; the slug plays 

somehow the same role, as it travels with a lower velocity than the gas after sealing. The breaking of 

the free surface after slug sealing is also perfectly illustrated in Figure 7. Again, the panels combine 

free-surface and velocity iso-contours. The figure shows the vigorous plunging of the breaker after 

sealing, pretty much similar to what we observe in plunging breakers. The third panel shows in 

particular the impact of the breaker over the stratified liquid surface, a region characterized by a very 

high level of turbulence production. Vortex shedding is again visible as in the previous panels, though 

the breaker seems to have affected the coherence of their motion. 

 

The flow is also shown to be populated by coherent structures, pretty similar to turbulent channel 

flows. This is illustrated in Figure 8, displaying positive and negative vorticity levels. It seems once 

more that turbulence is particularly active downstream of the slug, even before the slug breaks. 

Turbulence production is very high at the impingement of the wave tongue, and should ultimately 

penetrate underneath the surface. The organisation of these structures as well as turbulence production 

and transport are similar to those revealed in breaking waves (Liovic & Lakehal, 2007b). 

 

The slug tail and centre speeds are discussed in Figure (9) below, displaying the position of the slug 

versus time. A linear dependency is revealed, which is in agreement with the measurements of Martin 

et al. (2005), who obtained an average slug speed of Us=9.4 m/s, under these conditions. Under these 

conditions, the slug speed is rather constant, as it has been found in the earlier 2D simulations (results 

not shown here). In case of the hydrodynamic slugging, the slug velocity can be calculated from gas 

and liquid flow rates if the void fraction is known, in horizontal lines the mean velocity of the liquid 

in the body of the slug is approximately equal to the mixture velocity, or can be estimated analytically 

(Collins et al., 1978) using: 

( )1.201 0.532 /s m l g lU U Dg ρ ρ ρ= + −
                   (11) 

where Um stands for the mixture velocity. The result shown in Figure (9) reveal that our LESI 

simulation predicts the slug speed (tail and centre) in accord with the theory (11), which gives 

Us=9.33 m/s, and experiment of Martin et al. (Us=9.4 m/s). This is an interesting result for practical 

applications, which shows that although a coarse grid has been used, the LEIS concept is capable to 

predict one of the most important flwo feature of pipe flows. 
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Figure 9: Slug speed (tail and centre): LES vs. Analytical solution 

6.2 Fuel bundle analysis  

This thermal-hydraulics problem is very challenging from all the aspects. It concerns the simulation of 

flow characteristics in hydraulically equilibrium two-phase flow in a vertical 2-3 rod bundle sub-

channel of Sadatomi et al. (2004). The experiments were carried out using water and air at ambient 

pressure and temperature as the working fluids and a 2-3 rod bundle channel as the test channel, 

containing six rods in rectangular array and two-kinds of six sub-channels, simulating a BWR fuel rod 

bundle (Fig. 10). Flow distribution data and pressure drop along each sub-channel axis were obtained 

in various single- and two-phase flows under hydraulic equilibrium flow conditions. The dimensions 

of the experimental setup are as follow: Rod diameter: d = 16 mm; Rod pitch: p = 20 mm; Pitch to 

diameter ratio: p/d = 1.25; Gap clearances: S11 = S12 = S22 = 4mm; Hydraulic diameter: Dh =14.3 mm; 

Flow area: A = 194 mm2.  

 

Here the IST method explained previously has been applied to avoid having to deal with BFC grids 

for each tube, like in Fig. 5. Tube surfaces from a CAD file are embedded within a Cartesian 

equidistant grid, which reduces drastically grid-skewness induced errors. The length of the 

computational domain was reduced to L = 120 mm and the tube length to Lt = 20 mm. The width of 

the domain was set to W = 30 mm. The grid consists of 65x65x130 cells. Inflow and outflow 

boundary conditions were set at the bottom and top parts of the channel. The simulations were 

executed on a parallel Quad-core 8-Processor Linux PC cluster; 24H clock time were necessary for 

the flow to fully develop. Note here that no attempt was made to reach real statistical conditions for 

averaging; the exercise is meant first to show the potential of ITM’s (Level Sets here) to track 

complex topology changes in a non-isothermal two-phase flow, with conjugate heat transfer.  

 

In the prediction of thermal-hydraulic behaviour of a coolant in a BWR fuel rod bundle, it is 

necessary to evaluate accurately fluid transfer between sub-channels. The fluid transfer in the two-

phase system consists of three independent components; void drift, diversion cross-flow and turbulent 

mixing. In contrast to the previous example, here, too, the flow is multi-scale, including fluid flow and 

conjugate heat transfer. Phase change was not activated here to mimic the experiment.  
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Figure 10: IST grid and cross-sectional geometry and dimensions of the test channel. 

 

        

Figure 11: 3D and side view tubes showing tube temperature and gas topology: Turbulent flow (Re=16.000).  

 

As to turbulence, we have again used the MILES approach of Fuerby and Grienstein (1990) because 

the bulk Reynolds number is not very high (Re = 16.000), where the diffusive effect of the advection 

scheme plays the same role as an explicit SGS model for LES. We are now testing a scale separation 

approach, in which the diffusive effect of the turbulent sub-scales are treated with the numerical 

truncation errors, while larger scales (not fixed by the grid size) are directly simulated (a sort of V-

LES; or Very Large-Eddy Simulation – V-LES). The concept of V-LES (Speziale, 1997) means that 

the length scale used for the SGS modelling is not necessarilly dictated by the size of the cell is in the 

pure LES. The approach may be viewed as an alternative to both LES and unsteady RANS; it is 

somewhat similar to the SAS strategy.  

 

Two cases were simulated: a laminar flow with water inflow velocity UL = 0.1 m/s (results of which 

are not discussed here), and a weak turbulent case with water inflow velocity UL = 1 m/s; in both case 

the inflow void fraction is 50%.  
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Figure 11 (left) depicts the cross-channel section showing the heat contours developing between the 

tubes together with the gas-liquid interface, for the turbulent case. The right panels show the side view, 

at two instants. The temperature distribution inside the tube is not shown. Because the central tubes 

are exposed to a higher surface exchange area with the gas phase, these are subject to a higher heat 

removal rate. The interface (coloured by temperature) is shown to be highly deformed by the flow, 

causing a random heat transfer from the tubes. The oscillation of the two-phase flow along the tube is 

well illustrated in the right panel, showing in particular that the heat removal rate from the tubes is 

larger in the central part of the tubes. Again, this exercise is the first step towards a full description of 

sub-channel analysis using CMFD, with a minimum number of models. There is no pretention here 

that this simulation has captured all the relevant phenomena, rather, the attempts paves the way for 

more detailed simulation, requiring probably a more refined grid and more CPU time. 

6.3 Emergency Core Cooling (ECC): the COSI experiment 

 

 

Figure 12: Computational multi-block domain and grid using IST/BMR. 

 

Emergency Core Cooling (ECC) injection of cold water is one of the most severe scenarios of the 

global Pressurized Thermal Shock (PTS), referring to the occurrence of thermal loads on the Reactor 

Pressure Vessel (RPV), under pressurized conditions (Lucas et al., 2008). Here cold water is injected 

into the cold leg during a hypothetical Small Break Loss Of Coolant Accident (SB-LOCA). The 

injected water mixes with the hot fluid present in the cold leg and the mixture flows towards the 

downcomer where further mixing with the ambient fluid takes place. Very steep thermal gradients 

may damage the structural components while the primary circuit pressurisation is partially preserved. 

Therefore, the transient fluid temperature must be reliably assessed to predict the loads upon the RPV 

and the pressure wall toughness. The coolant can be single- or two-phase flow, depending on the leak 

size, its location and the NPP operating conditions. The PTS has been the objective of a number of 

international cooperative programs in the past, e.g. the OECD-ICAS as given by Sievers et al. (2000). 

 

The computation of this severe scenario is now within reach of the averaged two-fluid formulation. 

Yao et al. (2005) solved for the purpose the 3D steady-state Navier-Stokes equations within the two-

fluid framework (accounting for condensation, too), using a modified turbulent K-E model that 

accounts for the production by interfacial friction. The CATHARE code was then used; though recent 

attempts by the same group using the NEPTUNE-CFD code developed within the NURESIM EU 

project have been reported in several conferences. The time-averaged velocity profiles are somewhat 

well predicted, but not the turbulent quantities, in particular the turbulent kinetic energy and the shear-

stress distributions. The question here is whether the latest transition in computational thermal-
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hydraulics mentioned before relying on interface tracking than two-fluid modelling and LES or V-

LES instead of RANS is feasible in this complex context or not. This is the reason why the test case 

presented here has was selected – as ‘feasibility study’- towards more detailed simulation using the 

LEIS concept. The flow features more physics to deal with than the pipe flow for instance: two-phase 

flow, heat transfer, phase change, in a complex geometry with two inflows.  

 

 

 

Figure 13: surface deformations at the injection and temperature contours 

 

The flow conditions selected here for the simulation are taken from the D2.1.2 deliverable for the 

NRESIM EU project (Lucas and Bestion, 2007). More specifically, the pressure of the system is set to 

20 bar, the water mass flow rate to 0.58 Kg/s, the steam flow rate to 0.2 Kg/s. The coolant fluid and 

the water in the leg are initially at temperature 296 K, the steam is fixed at saturation temperature: 485 

K. Here we have again resorted to the MILES approach because the Reynolds number is again not 

very high, within the level set context. The level set equation (4) was modified to account for direct 

phase change, without modelling; the rate of mass transfer is rather directly inferred from the balance 

of energy fluxes across the interface. The grid was generated using the IST method described in 

Section 3 above, whereby a CAD file of the piping systems was embedded within a Cartesian grid; 

the geometry included the wire. The diameter of the pipe is 118 mm, the length is 1400 mm, the 

diameter of the IS port is 21.9 mm, with an inclination of 30 deg. The BMR technique for multi-block 

refinement was used, as shown in Figure 12. The grid was overall rather coarse, consisting at the end 

of 520.000 cells. The cross section was covered by 20x20 grids, which is rather coarse, but that does 

not mean that the resolution does not prevent capturing most of the flow details. This is obviously 

coarse, set for the sole purpose of feasibility study of the approach. An initial perturbation of the flow 

based on the shear Reynolds number was set in the leg. 

 

Qualitative flow features are depicted in Figure 13, showing the interface deformations subsequent to 

coolant-jet impingement on the surface of the hot water in the leg, together with the temperature field 

as it mix downstream. The deformations of the sheared surface are most intense in the region below 

injection; the subsequent waves that form travel in the flow direction up to the wire level.   
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Figure 14 depicts several cross-flow planes inside the leg, showing secondary velocity vectors, 

interface level and temperature contours. The images start from left to right with flow direction: the 

first four panels depict the flow prior to injection; the fifth one depicts the flow at injection level; the 

8
th
 panel depicts the flow at the wire. The first panel shows heated water in the leg subsequent to 

steam injection at the inflow; the steam penetrates there quite deep and thus rising the temperature of 

the water to almost the steam temperature. The temperature of the steam does not remain constant at 

saturation conditions because the steam releases heat to the pipe walls, the temperature of which was 

set constant (296 K), too (isothermal boundary conditions).  

 

 

 

Figure 14: Positive and negative vorticity contours (x and z components) 

 

The picture would have substantially changed if indeed adiabatic boundary conditions were set at the 

wall pipe surfaces. The heat is shown to diffuse from the steam to the water in the core leg rather 

gradually, in contrast to the case if saturation conditions of the steam were forced by neglecting the 

heat transfer flux, keeping only that in the liquid. The 7
th
 panel shows that just before the wire the 

water temperature mixes well with the steam and reaches levels of 350 K.  

7. CONCLUDING REMARKS AND FUTURE DEVELOPMENTS 

The paper aimed at describing the way computational thermal-hydraulics is migrating to more 

sophisticated modelling techniques, transcending the two-fluid formulation and steady-state RANS 

equations for turbulence by integrating ITM’s within the LES framework, defined here as "LEIS". 

The case studies outlined in this paper illustrate what can be done with LEIS for a class of turbulent 
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interfacial two-phase flows. The method can be successfully combined to generate realistic transient 

simulations of turbulent interfacial flows in reasonable computing times (of the order of 24H on PC 

Linux clusters). The perspectives for extension and generalization of such strategies to a variety of 

thermal-hydraulics problems are real, in view of the ever-increasing computational resources. 

However, we are still far from the computational power needed to fully simulate with this method 

more complex situations like a bubbly plume.  

 

The LEIS has the great merit to avoid having to postulate various closure laws and models for 

interfacial friction, drag and lift forces, large-scale turbulence, interface induced production of 

turbulence, interfacial heat and mass transfer, etc. Still, the approach still requires fine tuning as to 

interface-turbulence interactions, which are not fully understood from the physical stand point, and 

thus not yet amenable to modelling. Flows featuring strong topology changes leading to interface 

break-up, for example, will need to be approached differently: sub-grid IS motions like droplets or 

bubbles (atomization) smaller than the grid should be tracked individually using the Lagrangian 

approach. Flows featuring both heavily mixed phases and interfacial two-phase flows in some 

portions will need to dynamically couple the two-fluid with ITM’s. Another route to better resolve 

interfacial layers is the Adaptive Mesh Refinement technique (AMR) around evolving interfaces.  
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Abstract 
 

The accurate prediction of particle transport is a primary safety issue. Tracking particles in Lagrangian 

fashion can naturally be performed with CFD tools which provide the right framework to follow the 

paths of particles in complex geometries. The presence of turbulent structures in the fluid complicates 

the particle tracking problem considerably, because particle trajectories are no longer deterministic and 

additional modeling of the velocity fluctuations is needed. In the present investigation, a Lagrangian 

continuous random walk (CRW) model is developed to predict turbulent particle dispersion in 

wall-bounded flows with prevailing inhomogeneous turbulence. The particle model uses 3D mean flow 

data from the Fluent CFD code, as well as Eulerian statistics from Direct Numerical Simulation (DNS) 

databases. The turbulent fluid velocities are based on the non-dimensional Langevin equation. 

 

The model predictions are compared to the DNS data by Marchioli et al. (2007) who produced detailed 

statistics of velocity and transfer rates for classes of particles having Stokes numbers between 0.2 and 

125 and dispersed in a parallel channel flow with Reτ=150. The model is in very good agreement with 

the DNS data for the various measures of particle dispersion. The predicted deposition rates are also in 

good agreement with the widely used experimental correlation of McCoy and Hanratty (1977) and Liu 

and Agarwal (1974). 

 

1. INTRODUCTION 

During operating conditions in nuclear power plants, droplet-laden vapor flows are common (feedwater 

heaters, steam lines, etc), and droplet impingement on pipe walls is thought to be the main contributor to 

flow assisted corrosion (FAC) (Ferng and Horng, 2008), a mechanism which has led to small breaches 

many times in the past years. Steam generators also produce droplets which can damage turbine blades if 

they are not caught upstream in the piping (Katolickya et al., 2007). In hypothetical severe reactor 

accidents, particle-laden gas mixtures flow in the primary piping as well as in the containment. The 

accurate prediction of particle transport and deposition is therefore a primary safety issue. Tracking 

particles in Lagrangian fashion can naturally be performed with CFD tools which provide the right 

framework to follow the paths of particles in complex geometries. The interaction between the various 

forces acting on the particles (drag, gravity, lift, thermophoresis, etc) can harmoniously be addressed, in 

stark contrast to lumped parameter safety codes which add velocities due to different mechanisms, an 

incorrect procedure in general.  

 

The presence of turbulent structures in the fluid complicates the particle tracking problem considerably, 

because particle trajectories are no longer deterministic and additional modeling of the fluid velocity 

fluctuations is needed.  

 

Many methods have been developed to take into account velocity fluctuations in the turbulent flow. In 

principle, the simplest and more “physical” method is Direct Numerical Simulation (DNS) 

(McLaughlin, 1989) in which turbulence is “reproduced” by solving the transient Navier-Stokes 

continuity and momentum equations on a sufficiently fine grid and with a sufficiently small time step. 
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In such a way, all relevant spatial and temporal scaled are resolved. Large-Eddy Simulations (LES) 

(Wang and Squires, 1997) are conceptually similar to DNS, except that the computational effort is 

reduced somewhat by requiring the grid to be only so fine as to resolve the largest eddies, whereas the 

smaller, quasi isotropic eddies are modeled. While being widely used, DNS-LES/LPT methods remain 

computationally expensive, and their extension to general geometries poses very tough and sometimes 

intractable computational challenges.  

 

An alternative method, which borrows from the family of stochastic models, attempts to simulate 

turbulence using complementary equations whereby the instantaneous turbulent velocities are 

calculated from local quantities such as the mean turbulent kinetic energy, the Eulerian time scale and 

the distance to the wall. Examples of these treatments are random walk models which have been 

popular due to their relative ease of implementation and reasonable computational expense. In 

Discrete Random Walk (DRW) models (Gosman and Ioannides, 1983), the turbulent dispersion of 

particles is modeled as a succession of interactions between a particle and eddies which have finite 

lengths and lifetimes. In wall-bounded flows, the original isotropic DRW model of Gosman & 

Ioannides (1983) has been improved to account for anisotropic turbulence in the near-wall regions. 

This improved DRW model has been used with some success to predict turbulent particle deposition in 

isothermal 2D channels (Kallio and Reeks, 1989), in general 3D isothermal flows (Dehbi, 2007) or in 

cooled pipes (Kröger and Drossinos, 2000). 

 

Continuous Random Walk (CRW) models provide a more physically sound picture of fluid turbulence, 

as they represent the instantaneous velocities in a continuous way. CRW models, which are usually 

based on the Langevin equation, have been shown to provide more realistic predictions of turbulent 

particle dispersion than DRW, in particular in flows where inhomogeneous effects are important such 

as mixing layers (MacInnes and Bracco, 1992) or free shear flows (Bocksell and Loth, 2001). Hence a 

CRW model will be adopted in this investigation. 

 

One of the main goals of this investigation is to describe turbulent particle dispersion in general 

wall-bounded geometries. Mean flow parameters in complex turbulent flows can only be predicted on 

a routine basis using standard Computational Fluid Dynamics (CFD) tools based on the Reynolds 

Averaged Navier Stokes (RANS) equations. Ideally then, turbulent particle dispersion in general 3D 

geometries could be done by coupling CFD with reliable particle dispersion models in a single 

application. However, as shown recently by Tian and Ahmadi (2007), the use e.g. of DRW in 

combination with the state-of-the-art anisotropic Reynolds Stress Model (RSM) still led to large 

overpredictions of particle deposition rates in 2D parallel ducts. This is due to the fact that the RSM 

calculated root mean square (rms) of the normal velocity near the wall overpredicts the profiles 

determined by DNS studies, and no grid refinement can remedy this problem. Using the same 

RSM-DRW framework, Parker et al. (2007) were able to obtain dimensionless deposition velocities 

that overestimated the experimental data by less than one order of magnitude, which is the best that 

can be achieved with today’s CFD codes in their default mode. Better results were however obtained 

when Tian and Ahmadi (2007) combined the use of RSM for the mean flow field, the Langevin 

equation for the turbulent fluctuations, and a DNS-supplied correlation for the normal velocity rms 

close to the wall.   

 

Based on the above, it becomes clear that quantitatively accurate predictions of turbulent particle 

dispersion can only be achieved through a substantial improvement in the treatment of 

particle-turbulence interactions in the boundary layer. This treatment needs to be developed and 

incorporated in the CFD tools in order to properly account for near-wall effects which control to a 

large extent the physics of particle deposition.  In this investigation, the fluid fluctuations will be 

computed from a Langevin equation based model, which will be combined with the mean flow data 

obtained from the Fluent 6.3 code (Fluent, 2006). Fluent 6.3 is a state of the art code based on finite 

volume methods that provides a wide choice of turbulence models (k-ε, k-ω, RSM, etc). The necessary 

Eulerian statistics to close the Lagrangian particle tracking model will be supplied by the available 

DNS databases of channel flows. The model predictions are compared to the extensive DNS database 

provided by Marchioli et al. (2007) who produced detailed statistics of velocity and transfer rates for 6 
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classes of particles having Stokes numbers of 0.2 to 125 and dispersed in a parallel channel flow with 

Reτ=150.  

 

 

2. PARTICLE FORCE BALANCE 

 

A spherical particle is assumed to be entrained in a wall-bounded turbulent flow in isothermal 

conditions. The only forces acting on the particle are taken to be drag and gravity. Brownian diffusion 

is neglected since the simulated particles will have geometric diameters greater than 0.2 µm.  The lift 

force is also ignored as a first approximation in order to concentrate on the effect of turbulence on 

thermophoretic deposition. The vector force balance on a spherical particle is written as follows:  
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where the drag force per unit mass may be expressed as: 
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In the above, U is the fluid velocity, Up is the particle velocity, ρp the particle density, ρf the fluid 

density, g the gravity acceleration vector, dp the particle geometric diameter, µ the fluid molecular 

viscosity, and Rep the particle Reynolds number defined as: 
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ν being the fluid kinematic viscosity. The drag coefficient is computed in the Fluent code from the 

following equation: 
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where the β’s are constants which apply to spherical particles for wide ranges of Rep.  
 

dt

dx
U p =     (5) 

 

In laminar flows, the expressions (1) to (5) are sufficient to compute the trajectory of individual 

particles. The particle deposition rates and concentration profiles are found in a determinist way, and 

the procedure was shown by Healy et al. (2001) to yield accurate predictions of particle dispersion. 

When turbulent fluctuations exist in the fluid flow, the computation of particle dispersion is no longer 

deterministic and the particle dispersion problem becomes more complicated to handle. To determine 

the mean dispersion statistics of particles, it is necessary to perform many trajectory computations. 

The stochastic modeling of the fluid velocity fluctuations is discussed in the next section.  

 

 

3. THE NORMALIZED LANGEVIN EQUATIONS 

 

 

In the following section, we present the Langevin equations defining the fluctuating velocity field 

along a particle track. The domain is assumed to be wall-bounded, so that it can be subdivided in two 

regions: the boundary layer region with strongly anisotropic turbulence, and a bulk region where the 
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turbulence is assumed approximately isotropic but generally inhomogeneous. Since the model is 

meant to handle both the boundary layer as well as the isotropic bulk regions, the Langevin equations 

will take different forms depending on the location of the particle.  

 

 

3.1 The normalized Langevin equation in boundary layers 

 

In the Langevin equation, the incremental change in the turbulent fluid velocity seen by an inertial 

particle is assumed to be comprised of three terms: a damping term which is proportional to the 

turbulent velocity, a stochastic forcing term that has zero mean, and a mean drift correction term that 

ensures the well-mixed criterion for tracer particles in inhomogeneous fields (Legg and Raupach, 

1982). To improve the predictive abilities of the Langevin equation in boundary layers, further 

modifications were put forth. Durbin (1983, 1984) and Thompson (1984), extending the ideas of 

Wilson et al. (1981), proposed that the Langevin equation be normalized to account for strongly 

inhomogeneous turbulence. Following Iliopoulos et al. (2003), the normalized Langevin equation in 

the boundary layer along the i
th
 coordinate is written as: 
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In the above, ui is the fluid fluctuating velocity component, σi the rms of velocity 2
iu , τL a 

Lagrangian time scale to be defined in Section 4, dηi a succession of uncorrelated random forcing 

terms, and Ai the mean drift correction term. The forcing moments can, to a first order, be expressed 

as: 
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where overbar in the above expression means time averages. Equation (7) is obtained assuming jointly 

Gaussian distributions for the random forcing terms ηi (Mito and Hanratty, 2002). Bocksell and Loth 

(2006) showed that the normalized drift correction term Ai along the path of a particle with arbitrary 

inertia can be expressed as follows: 
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where the Einstein convention of summing up over repeated indices is followed. In the above, the 

particle Stokes number Stk is defined as:  
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where τp is the particle relaxation time defined according to the local particle Reynolds number: 
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Cc is the Cunningham correction slip factor which is nearly 1 for particles with diameters above 1 µm. 

For the evaluation of Ai, and in compliance with the boundary layer approximation, we concentrate on 

the derivatives in the wall normal direction and ignore the cross terms. Hence: 
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where the subscripts 1, 2 and 3 stand for streamwise, wall-normal and spanwise directions, 

respectively.  

 

The mean drift correction term Ai is very important to include in order to avoid the unphysical 

migration of small inertia particles towards the boundary layer. Thomson (1987) demonstrated that 

taking into account the drift correction Ai fulfills the so-called well-mixed criterion, that is, the 

requirement that very low inertia particles (tracers) that are initially well mixed in the isothermal 

inhomogeneous turbulent flow will remain well mixed with time. Mito and Hanratty (2002) later 

verified this feature in their simulations of fluid particles originating from uniformly distributed 

sources in channel flow boundary layers. Following Mito and Hanratty (2004), A1 and A3 are set to 

zero. The latter approximation should not have a large impact on the predictions because particle 

deposition is largely controlled by wall-normal fluctuations.  

 

Based on the preceding formulations and assumptions, one can then write the normalized Langevin 

equations as follows for the streamwise, normal, and spanwise directions of the boundary layer: 
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where the dξi’s are Gaussian random numbers with zero mean and variance dt. 

 

 

 

 
3.2 The normalized Langevin equation in the isotropic bulk 

 

In the bulk region (here for y
+
>100) turbulence is taken to be isotropic, although not necessarily 

homogeneous. The Langevin equations become simpler in that region, and Dehbi (2008) showed that 

they can be expressed as: 
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where σ is the rms of the isotropic velocity field, and k the turbulent kinetic energy. The equations (13) 

through (15) and (16) through (18) describe possible changes along a particle path of the turbulent 

fluid velocities in the boundary layer and bulk region, respectively. The integration of these equations 

in time is done using the first order implicit Euler method, and the dynamic time step is taken to be 

min (10
-6
s, 0.1 τp), which was shown to be small enough not to influence the results. The integration of 

the Langevin equations necessitates Eulerian statistics to close the problem. This is addressed in the 

next section. 

 

 

 

4. SPECIFICATION OF THE EULERIAN STATISTICS AND TIMESCALES 

  

The Eulerian rms of velocity are obtained from fits of the DNS data obtained by Marchioli et al. 

(2007). The fits are shown in Figure 1, are given by: 
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Figure 1: Rms fits of the DNS data by Marchioli et al. (2007) 

 

y+ is the wall distance in dimensionless units defined as: 
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y is the particle distance to the nearest wall, u* the friction velocity derived from the local wall shear 

stress τw and wall fluid density ρf,w as follows:  

 

f

wu
ρ
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    (23) 

 

 

Researcher usually estimate the Lagrangian time scales τL by tracking fluid particles in DNS 
simulations, and subsequently computing the Lagrangian autocorrelations. By going through this 

procedure, Bocksell and Loth (2006) have determined that the Lagrangian time scales in all directions 

are reasonably well approximated by the fits obtained by Kallio and Reeks (1989): 
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where: 
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In the isotropic bulk flow, taken here to be the region where y+ > 100, the Lagrangian time scale can 

be estimated from the local turbulent kinetic energy k and dissipation rate ε : 
 

ε
τ k
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L ⋅= 2
    (27) 

 

Mito and Hanratty (2002) have found that a value of 14 for Co provided fair agreement with the time 

scales computed from their DNS database. Hence this value will used in equation (27) to estimate τL in 
the bulk. 

 

 

5. COUPLING THE LANGEVIN MODEL TO THE FLUENT CFD CODE 

 

While the integration of the Langevin equations in the bulk region poses no particular problem in 

general geometries, care must be exercised when the particle is in the boundary layer, because one 

must correctly assign the Eulerian rms values in a local body-fitted coordinates system which varies 

with particle location. The algorithm to do so is explained at length by Dehbi (2008).  

 

The Fluent CFD code (Fluent, 2006) provides the mean flow parameters as well as a module to 

integrate the particle equations of motion. The Langevin model described earlier was implemented in 

Fluent as a User Defined Function (UDF) subroutine which supplies the trajectory calculation module 

with the fluctuating fluid velocity seen by a particle at each time step. Details of the coupling between 

the Fluent CFD code and the stochastic Langevin model are also provided by Dehbi (2008). 

 

6. RESULTS AND DISCUSSION 

 

In a previous study by Dehbi (2008), the Langevin model described here was assessed against 

isothermal particle deposition data in various geometries and found to be quite accurate in predicting 

the deposition rates. In this investigation, the model predictions are compared to the DNS data of 

particle dispersion produced by Marchioli et al. (2007).  
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In that investigation particles are dispersed in a fully developed turbulent flow of air. The fluid flows 

between two infinite parallel walls. The periodic channel simulating the infinite parallel walls channel 

has a half-height h of 0.02 m, a width of 2πh and a length of 4πh. The density of air is taken to be 1.3 
kg/m

3
 and its kinematic viscosity 15.7 x 10

-6 
m

2
s
-1
. Periodic boundary conditions are enforced in the 

axial and spanwise directions. The axial fluid velocity is 1.65 m/s, with a corresponding friction 

velocity u* of 0.11775 m/s. The Reynolds number based on the axial velocity is thus 2100, whereas 

that based on friction velocity is 150. 

  

Marchioli et al. (2007) studied the effects of inertia, gravity and the lift force on particle velocity 

statistics and transfer rates. In the present investigations, and for the sake of conciseness , we restrict 

ourselves to the effect of inertia.  For all the simulations, the CFD Best Practice Guidelines 

(ERCOFTAC, 2000) were followed to ensure that particle deposition results were grid-independent. 

These Best Practice Guidelines include in particular: 

 

• Use of hexahedral meshes. 

• Use of 2 different grid resolutions. 

• Adequate resolution of the boundary layer, with 50 cells within the boundary layer (y+ < 100). 

• Centroid of the wall-nearest cell has a y+ of order 1. 

• Second order accuracy for the discretization equations. 

 

 

In addition, since the geometries are relatively simple, the k-ε model for turbulence is chosen for all 

simulations and is expected to give reasonably accurate predictions of the mean flow.  

 

For the specification of particle inertia, the dimensionless relaxation time τ+ is defined as: 
 

ν
τ

τ
2*up=+     (28) 

 

The dimensionless tracking time is normalized as follows: 

 

ν

2*ut
t

⋅=+  (29) 

 

where t is the physical time in second. The particles are tracked for a period of time t
+
= 1200, which is 

the longest tracking time in the DNS tracking simulations. This corresponds to the time taken by a 

fluid particle to travel about 9 times the channel length.  

 

6.1 Particle concentration profiles  
 

The particle concentration profiles are studied in this section in order to better understand the 

interactions between turbulence and particle inertia. Four classes of particles having relaxation times 

τ+ of 0.2, 5, 25 and 125 are considered. These correspond to geometric diameters of 9.12 µm, 45.6 µm, 

102 µm, and 228 µm, respectively. In each simulation, 50 000 particles are injected uniformly from 

the inlet face. Experimentation with largest samples showed virtually no difference in the results. Once 

a particle center is at a distance less than the radius of the particle, the latter is considered to have hit 

the wall, and is reflected back to the domain, as in the computations by Marchioli et al.. At an instant t, 

the tracks are frozen, and the volumetric particle distribution profile is determined. To do so, the 

volume of the channel is subdivided in Nb wall parallel bins along the height of the channel. The bins 

are thinner near the wall and become progressively wider as one moves towards the center of the 

channel, according to the following formula for the b
th
 bin thickness used by Marchioli et al. (2007): 
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−
−⋅−=∆ +

)
1

1
cos(1

2

Re

b
b

N

b
y πτ   (30) 

 

where the Reynolds number based on the friction velocity is 150, and Nb is 51. The purpose of such 

grading is to resolve well the laminar and buffer layers near le wall (y+ of 30), which are the regions 

where anisotropic effects are the strongest. To compute the particle concentration profile, one simply 

counts the airborne particles in each bin, and then normalizes this number with the volume of the bin 

as well as the total number of particles. The normalized particle concentrations shown in Figure 2 for 

dimensionless times of t
+
=675 and 1125, corresponding respectively to the average time taken by a 

fluid particle to travel 5.74 and 8.71 times the length of the channel. The DNS results of Marchioli et 

al. (2007) are shown for comparison. The results can be summarized are followed: 

 

• The Langevin model predictions are in excellent agreement with the DNS results, both in terms of 

trends and magnitudes. 

• Particles with very low inertia (τ+=0.2) tend to remain approximately well mixed in the channel 

regardless of the time spent. 

• Particles with medium and high inertia develop substantial concentration peaks well inside the 

laminar layer. These peaks increase as time evolves, indicating that steady state concentrations 

have not yet been reached even after about 110 channel heights. This is consistent with previous 

DNS computations (Marchioli et. al, 2007, Picciotto, 2005) which have highlighted the very long 

distance required before particles concentrations reach fully developed conditions.   

• The largest peaks are recorded for mid-range inertia particles (τ+=25). These particles are thus the 
most affected by turbulence. Particles with the highest inertia (τ+=125) display smaller peaks 

because their motion is more decoupled from the fluid fluctuations.   

 

 

 

6.2 Mean axial velocity profiles  

 

The mean axial fluid velocity computed by the Fluent CFD code and the DNS computation are first 

compared in Figure 3.  can be seen, the two profiles are close to one another in the laminar sublayer, 

but the CFD profile displays a slight deficit in the middle of the channel. In the DNS computations, 

there were only slight differences between the particle axial velocities and the fluid velocity. Hence to 

capture these slight differences, the particle axial velocities will subsequently be compared to the CFD 

fluid profile rather than the DNS one. 

 

The particle velocity profiles are computed in a way identical to that followed by Marchioli et al. 

(2007): at selected time steps, one determines the bin containing the particle, then the instantaneous 

mean velocity for that bin is computed, and in a third step, these mean velocities are averaged over 

time for a prescribed sample of time steps from t
+
=742 to t

+
=1192. The selected number of time steps 

is 450, so that one samples every 1 dimensionless unit of time. The mean axial velocity of the particles 

profiles are shown in Figure 4. 
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Figure 2: Concentration profiles as a function of time and particle inertia 
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Figure 3: mean axial velocity: DNS vs CFD 

 

 

For particles up to a τ+=25, the axial mean velocity profile is essentially identical to the fluid profile. 

For τ+=125, the particles lag the fluid in the laminar sublayer, but are slightly faster then the fluid in 

the logarithmic region. Both of these trends are consistent with the Marchioli et al. findings. 

 

6.3 Mean wall normal velocity profiles  

 

The mean wall normal velocities predicted by the model are displayed in Figure 5 and compared to 

DNS profiles. For τ+=0.02 the wall normal velocity is essentially at noise levels, which the Langevin 

model predicts well. For higher inertia, the Langevin model and DNS profiles are comparable. One 

notes however a slight overestimation of the magnitude of velocity as the particle inertia increases. 

 

6.4 Rms of axial velocity  

 

The rms values for the axial velocity in each bin are obtained from the 450 instantaneous mean 

velocities as well as the mean velocity in the time frame between t
+
=742 and  t

+
=1192. Results are 

displayed in Figure 6  the axial velocity. The Langevin profiles are quite close to the DNS profiles, 

with a slight overprediction as particle inertia increases. 

 

6.5 Rms of wall normal velocity  

 

Results for the rms of the wall normal component of velocity  are displayed in Figure 7  the wall 

normal velocity. As in the last section, the Langevin model predictions are in quite good agreement 

with the DNS data, with a small overprediction as particle inertia increases. 

 

6.6 Particle deposition rates compared to experimental data 

The model prediction of deposition rates is presented in this section. A hypothetical channel of height  

0.01 m, length L 0.8 m, and width 0.1 m is considered. A uniform velocity of 11 m/s is imposed on the 

inlet face (Re= 7500 based on channel height), while atmospheric pressure boundary conditions are 

assigned at the outlet face. The lateral faces consist of symmetry planes, so that the mean flow is 

essentially two dimensional. The mean flow is computed using the standard k-ε model with enhanced 

wall treatment. Particles are injected uniformly along a line joining the two walls in the middle of the 
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span at a distance of 30
.
H downstream of the inlet, hence ensuring fully developed flow at the point of 

injection. Particle dispersion is thus studied in the remaining 50 channel heights. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 4: Mean streamline velocity as a function of particle inertia 
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Figure 5: mean wall normal velocity as a function of particle inertia 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 6: rms of streamwise velocity as a function particle inertia 
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Figure 7: rms of wall normal velocity as a function particle inertia 

The particle deposition in the channel is recorded for 10 000 unit density particles, a number found to 

be sufficiently large to provide stationary statistics. The deposition velocity is compared to the widely 

used fits of McCoy and Hanratty (1977) and Liu and Agarwal (1974) given by: 

 

)17,)(000325.0(max 2++ ⋅= τMHV             (31)  

 

)1.0,)(0006.0(max 2++ ⋅= τLAV      (32) 

 

where the dimensionless deposition velocity is defined as: 

)ln(
2

1
*

out

in

C

C

u

U

L

H
V =+       (33) 

In the above U is the mean velocity, H is the channel height, L the length of the channel section where 

deposition is studied, and Cin and Cout refer to the particle number concentrations entering and leaving 

the section, respectively.  Accordingly, the deposited fraction in a length L is given by: 














−−= +V

U

u

H

L
*

2exp1η      (34)    

Deposition results are shown in Figure 8 As can be seen, the agreement between the model and the 

experimental fit is good and certainly well within the data scatter band of the correlations. One notes 

however an underprediction of the data in the very low deposition velocity region, which is probably 

due to the non-inclusion of the lift force. 
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Figure 8: Deposited fraction: comparison with experimental correlations 

 

7. CONCLUSIONS 

 

A Lagrangian continuous random walk (CRW) model is developed to predict particle dispersion in 

arbitrary wall-bounded geometries with prevailing anisotropic, inhomogeneous turbulence. The 

particle tracking model relies on 3D mean flow data provided by the Fluent CFD code, as well as 

Eulerian statistics computed from DNS databases. The time history of the fluctuating fluid velocities is 

obtained from the normalized Langevin equation which takes into account turbulence inhomogeneities. 

The model incorporates a drift velocity correction for arbitrary inertia particles.  The model 

predictions using the k−ε model for the mean flow are compared to the DNS data by Marchioli et al. 

(2007) who produced detailed statistics of velocity and transfer rates for 4 classes of particles having 

Stokes numbers of 0.2 to 125 and dispersed in a parallel channel flow with Reτ=150. The model is in 

very good agreement with the DNS data for the various measures of dispersion parameters, i.e: 
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instantaneous particle concentration profiles and mean and rms profiles of streamwise and wall-normal 

particle velocities. The model reproduces well-known results such as the clustering of particles in the 

boundary layer, as well as the gradual de-correlation between particles and turbulence with increasing 

inertia. In addition, the “well-mixed” criterion is achieved such that tracer particles retain 

approximately uniform concentrations when introduced uniformly in the domain, and their deposition 

velocity is vanishingly small, as it should be. Particle deposition rates are also in good agreement with 

the widely used experimental correlation of McCoy and Hanratty (1977) and Liu and Agarwal (1974). 

 

This overall excellent agreement of the CFD-Langevin model with the extensive DNS database as well 

as empirical correlations for particle deposition rates gives confidence that accurate simulations of 

particle dispersion in practical turbulent flows is within reach with today’s CFD tools. 
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Abstract 

 

During the course of a hypothetical severe accident in a Pressurized Water Reactor (PWR), spray 

systems are used in the containment in order to prevent overpressure in case of a steam break, and to 

enhance the gas mixing in case of the presence of hydrogen. 

In the frame of the Severe Accident Research Network (SARNET) of the 6
th
 EC Framework 

Programme, two tests was performed in the TOSQAN facility in order to study the spray behaviour 

under severe accident conditions: TOSQAN 101 and TOSQAN 113.  

The TOSQAN facility is a closed cylindrical vessel. The inner spray system is located on the top of 

the enclosure on the vertical axis. For the TOSQAN 101 case, an initial pressurization in the vessel is 

performed with superheated steam up to 2.5 bar. Then, steam injection is stopped and spraying starts 

simultaneously at a given water temperature (around 25°C) and water mass flow-rate (around 30 g/s). 

The transient state of depressurization starts and continues until the equilibrium phase, which 

corresponds to the stabilization of the average temperature and pressure of the gaseous mixture inside 

the vessel. 

The purpose of the TOSQAN 113 cold spray test is to study helium mixing due to spray activation 

without heat and mass transfers between gas and droplets. 

We present in this paper the spray modelling implemented in NEPTUNE_CFD, a three dimensional 

multi-fluid code developed especially for nuclear reactor applications. An original model dedicated to 

the droplet evaporation at the wall is also detailed. Keeping in mind the Best Practice Guidelines
1
, 

closure laws have been selected to ensure a grid-dependence as weak as possible. 

For the TOSQAN 113 case, the time evolution of the helium volume fraction calculated shows that the 

physical approach described in the paper is able to reproduce the mixing of helium by the spray. But 

the transient behaviour should be improved by a better understanding of the influence of the dispersed 

phase on the turbulence of the continuous phase. 

For the TOSQAN 101 case, droplet velocity, steam volume fraction and gas temperature profiles 

compare favourably with the experimental results. In the frame of the SARNET network, it seems that 

only the results obtained with the physical modelling implemented in the NEPTUNE_CFD code 

reproduces correctly the entrainment phenomena and the condensation zone (Malet, 2007). 

 

 

 

1 NOMENCLATURE 

Ai interfacial area concentration 

Cd  drag coefficient  

d droplet diameter 

dt  numerical time step 

                                                 
1
 Best Practice Guidelines for the use of CFD in Nuclear Reactor Safety Applications, NEA/CSNI/R5 (2007) 



2 

g  gravity acceleration 

K1  liquid turbulent kinetic energy 

Mk  interfacial momentum transfer per unit volume and unit time 

p  pressure 

Prk  Prandtl number 

t  time 

u’k fluctuation of the velocity for the phase k 

Vk  averaged velocity of phase k 

Vki  interfacial-averaged velocity  

αk  denotes the volume fraction of phase k 

εk  dissipation rate 

µk  molecular viscosity 

νk  kinematic viscosity 
T

kν   turbulent eddy viscosity 

ρk,  averaged density of phase k 

 

Subscripts/Superscripts 

l liquid droplets 

g  gas 

v  vapour 

a  air 

He  Helium 

k phase k = 1 or 2 

 

2 INTRODUCTION 

During the course of a hypothetical severe accident in a nuclear Pressurized Water Reactor (PWR), 

hydrogen may be produced by the reactor core oxidation and distributed into the reactor containment 

according to convective flows, water steam wall condensation and interaction with the spraying 

droplets. In order to assess the risk of detonation generated by a high local hydrogen concentration, 

hydrogen distribution in the containment vessel has to be known. The TOSQAN experimental 

programme has been created to simulate typical accidental thermal hydraulic flow conditions of the 

reactor containment. The aim of this work is thus to study the heat and mass exchanges between the 

spray droplets and the gas with thermal hydraulic conditions representative of this hypothetical severe 

accident. 

To evaluate the spray modelling of containment codes, a benchmark was performed in the frame of the 

Severe Accident Research Network (SARNET) of the 6
th
 EC Framework Programme. This benchmark 

was based on the TOSQAN experimental programme undertaken by the Institut de Radioprotection et 

de Sûreté Nucléaire (IRSN). The TOSQAN facility is a large enclosure devoted to simulate typical 

accidental thermal hydraulic flow conditions in nuclear-pressurized water reactor (PWR) containment. 

It is highly instrumented with non-intrusive optical diagnostics. Therefore, it is particularly adapted to 

nuclear safety CFD code validation. 

Two tests were selected in order to evaluate separate effects involved when spray systems are used for 

containment applications. A first part, called the THERMALHYDRAULIC part, is relative to the 

thermodynamic of sprays, i.e. the droplet heat and mass transfer modelling and the gas thermodynamic 

modelling (TOSQAN 101 test). A second part, called the DYNAMIC part, is relative to the gas 

entrainment and atmosphere mixing induced by a spray, avoiding heat and mass transfer exchanges 

(TOSQAN 113 test). 

Calculations have been done with 4 CFD codes namely GASFLOW, TONUS-CFD, CFX and 

NEPTUNE_CFD (Malet, 2006, 2007). For the two-phase flow with a gaseous mixture and spray 

droplets, the 3-dimensional code GASFLOW solves a homogeneous two-phase model (Kim, 2008). 

The spray effect in the commercial code CFX is taken into account by a lagrangian  approach. The 
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TONUS-CFD code uses an eulerian model with a multi-component approach. The NEPTUNE_CFD 

spray modelling described in this paper is based on a two-fluid approach. 

The paper is organized as follows. First we describe the set of equations solved in NEPTUNE_CFD. 

Next, turbulent terms and interfacial transfer terms are detailed. An original modelling of the wall 

transfer terms is proposed. In the last part, the two-phase flow model is validated by simulating the 

TOSQAN 113 and TOSQAN 101 tests on global and local variables. 

 

3 THE NUMERICAL SOLVER AND PHYSICAL MODELING 

3.1 Introduction 

The solver, based on a pressure correction approach, is able to simulate multi-component multiphase 

flows by solving a set of three balance equations for each field (fluid component and/or phase) (Ishii, 

1975), (Delhaye, 1981). These fields can represent many kinds of multiphase flows: distinct physical 

components (e.g. gas, liquid and solid particles); thermodynamic phases of the same component (e.g.: 

liquid water and its vapour); distinct physical components, some of which split into different groups 

(e.g.: water and several groups of different diameter bubbles); different forms of the same physical 

components (e.g.: a continuous liquid field, a dispersed liquid field, a continuous vapour field, a 

dispersed vapour field). The solver is implemented in the NEPTUNE software environment (Guelfi, 

2007), (Mimouni, 2007, 2008), which is based on a finite volume discretization, together with a 

collocated arrangement for all variables. The data structure is totally face-based which allows the use 

of arbitrary shaped cells (tetraedra, hexaedra, prisms, pyramids ...) including non conforming meshes. 

 

3.2 Governing equations and physical modelling 

3.2.1 Main set of balance equations 

The two-fluid model is constituted of the following six balance equations (Ishii, 1975): 

Two mass balance equations: 

( ) 2,1. =Γ=∇+ kV
t

kkkk

kk ρα
∂

ρ∂α
 (1) 

with ∑∑ =Γ=
k

k

k

k and 01α , 

where t is the time, αk, ρk, Vk denote the void fraction of phase k, its averaged density and velocity and 
Γk is the interfacial mass transfer per unit volume and unit time. The phase index k takes the values 1 

for the continuous phase (gas) and 2 for the dispersed phase (droplets). 

 

Two momentum balance equations: 

( ) ( )[ ] 2,1.. =+∇+++∇−=∇+ kgIpVV
t

V T

kkkkkkkkkkk
kkk τταρααρα

∂
ρ∂α

, (2) 

where p is the pressure, g is the gravity acceleration, Ik is the interfacial momentum transfer per unit 

volume and unit time, 
k

τ  and 
T

k
τ  denote the molecular and turbulent stress tensors (Reynolds stress 

tensor). 

 

Two total enthalpy balance equations: 

( )[ ] 2,1.

2
.

2
.

2

'

222

=+∇−+Π+
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k

kkk

αϕ
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∂
∂

, (3) 
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where hk is the phase-averaged enthalpy for phase k and hki is the interfacial-averaged enthalpy. We 

assumed that the two phases are governed by the same averaged pressure field p and we make no 

distinction between the pressures in the two phases or between the bulk pressure and the interface 

pressure for simplicity. The three terms Γk, (section 3.2.6) Ik (section 3.2.5) and ik A
'Π  (section 3.2.6) 

denote the interfacial transfer terms of mass, momentum and heat, the quantity Ai being the interfacial 

area concentration. 

The interfacial transfer of momentum Ik is assumed to be the sum of four forces: 
L

k

AM

k

D

kkkk IIIVI +++Γ= . (4) 

The first term is the so-called recoil force that is the interfacial transfer of momentum associated to the 

interfacial transfer of mass, where we assumed the interfacial-averaged velocity Vki to be equal to the 

phase-averaged velocity Vk. The three other terms are the averaged drag, added mass and lift forces per 

unit volume. The lift and added mass force can be neglected in our calculations. The wall friction 

terms for the two phases do not appear in the momentum balance equations because solid walls are 

only present at the boundaries of the flow domain and the wall friction is expressed through the wall 

boundary conditions. The terms kwall→ϕ  denote the wall-to-fluid heat transfer per unit volume and unit 

time for each phase (section 3.2.7). The two terms 
T

kk
qq and  denote the molecular and turbulent heat 

fluxes inside phase k. 

 

3.2.2 Equation of transport on the density of drops  

If n  is the density of drops, we define 2X  by 222 Xn ρα= and write the following equation of 

transport of the density of drops: 

( ) ( ) coalfrag KKVXX
t

−=∇+
∂
∂

2222222 . ραρα  (5) 

with: 

- fragK the source term related to fragmentation.  

- coalK the source term related to coalescence.   

In this paper, we neglect the fragmentation and coalescence phenomena (Alipchenkov, 2004). 

Therefore, the variations of the droplet diameter d are only due to the mass transfer between the 

droplets and the gaseous mixture (evaporation and condensation). Droplets are supposed to be of 

spherical shape: 

6

. 3

2

d
n

πα ⋅=  (6) 

 

3.2.3 Mass balance equation of the non-condensable gas 

( ) ( ) ( )

( ) ( ) ( )

( ) ( )













−Γ=⋅∇+
∂
∂

⋅∇−Γ=⋅∇+
∂
∂

⋅∇−=⋅∇+
∂
∂

→

→

0

0

1211111

111211111

1111111

V
t

VyVyy
t

VyVyy
t

dvvvv

daaaa

ραρα

ραραρα

ραραρα

 (7) 

with daV  and dvV  the diffusion velocities of the air and vapour in the mixture respectively, given by 

Fick’s law. The mass fraction of air and vapour are respectively ay  and vy . 

The 3
rd
 equation is already solved and is the sum of the two previous ones. Therefore, for the sake of 

simplicity, we only solve the first equation. 
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If another non-condensable gas is added to the gaseous mixture like helium for the TOSQAN 113 test, 

we solve in addition the corresponding mass balance equation: 

( ) ( ) ).( 1111111 dHeHeHeHe VyVyy
t

ραραρα −∇=⋅∇+
∂
∂

, where Hey  is the mass fraction of 

helium. 

3.2.4 Turbulent transfer terms 

The Reynolds stress tensor for the continuous phase is modelled using the Boussinesq approximation: 

).(
3

2
)( 111

2

1111111
VqIVV TTTT ∇+−∇+∇= νρρνρτ , (8) 

where I  is the identity tensor, 2

1q  is the turbulent kinetic energy and 
T

1ν  is the liquid turbulent eddy 

viscosity for the continuous phase. The turbulent eddy viscosity is expressed by the following relation: 

( )
1

22

1
1 ε

ν µ
q

CT = , (9) 

where Cµ = 0.09. The turbulent kinetic energy 
2

1q  and its dissipation rate ε1 are calculated by using the 
two-equations K-ε approach. We take into account the turbulence of the dispersed phase by using an 

algebraic model, which leads to an algebraic closure for the turbulent energy of the drops 

><= ii uuq ,2,2

2

2 ''
2

1
 and the covariance gas-drops >=< ii uuq ,2,112 '' . 

 

For the dispersed phase, the Reynolds stress tensor is closed using a Boussinesq-like hypothesis 

(Deutsch, 1992): 

).(
3

2
)( 222

2

2222222
VqIVV TTTT ∇+−∇+∇= νρρνρτ  (10) 
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112  , the covariance of the dispersed phase, 
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 � 
F
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12

12

τ
τη =  , the ratio between the time scale of the continuous phase turbulence viewed by 

the dispersed phase (that takes into account crossing trajectories effect) and the characteristic time 

scale of the momentum transfer rate between the liquid and dispersed phases: 
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1
21
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ττ β

α

+=

+= −

 

with ασ is the turbulent Schmidt or Prandtl turbulent for the 

continuous phase, βC is the crossing trajectories coefficient 

taken equal to 1.8, 
2

212

2α
ρ

=AC  is the added mass coefficient. 

 

�  

1

12

3

2
K

Vr
r

><
=ξ  and 

1

2

1
1

2

3

ε
τ µ

q
Ct = . 

dr VVVV −−= 12

12
 is the local relative velocity between phases 1 and 2, expressed in terms of the 

total relative mean velocity and a drifting velocity due to the correlation between the instantaneous 

distribution of dispersed particles and the turbulent structure of the carrier fluid. 

The drift velocity is given by:  

21

2121212

3 αα
ατ ∇

−=
q

V
t

d  ,  (11) 

t

12τ being the fluid-particle turbulent time scale given above. 

 

3.2.5 Interfacial momentum transfer terms 

The interfacial momentum between continuous and dispersed phases can be written as the sum 

of a laminar contribution and a turbulent contribution:  

kkkk VII Γ+= '  and turblam III 212121 ''' →→→ +=  

with ( ) )(' 12

12

2121 VVFI D

lam −−=→ αα . If we neglect the added mass force, the turbulent contribution can 

be simplified: ( ) 1212

2121' dD

turb VFI αα=→ , (12) 

where
12

DF  is the drag coefficient between phases 1 and 2. ((Dufour, 2005) and (Alipchenkov et al.  

2004)) and is expressed as:  

FDF
21

212 1

τα
ρ

=   with 2

12

2

1

2 4

31 ><= r
D

F
V

d

C

ρ
ρ

τ
  and  (13) 

( )
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dV
ifC
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3.2.6 Interfacial mass transfer terms 

If the mechanical terms are neglected in comparison to the thermal terms in the averaged form of the 

energy jump condition, this condition reduces to:  

( ) 0' ≈Π+Γ∑ ikkik

k

Ah . (14) 

This relation (together with the mass jump condition Γ2 = - Γ1) allows to compute the mass transfer 

terms as a function of the interfacial heat transfer terms and the interfacial-averaged enthalpies hki : 

i

ii

A
hh 12

'

2

'

1
21 −

Π+Π=Γ−=Γ , (15) 

where ii hh 12 − can be approximated by the latent heat. 
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The balance of heat and mass transfer between a drop and the gas mixture surrounding the drop leads 

to the expression of the mass transfer terms. Sometimes the gas density is missing in the formula 

found in the literature because in many applications the gas is essentially composed of air and then the 

density is about 1. Hence, it is worth providing some evidence of the necessity to include the gas 

density in the formula given in the following (Spalding, 1958), (Williams, 1953), (Faghri, 2006). 

If we note G the mass flux and ‘s’ the droplet surface, then 
24. ss rG π  is the mass flowrate on the 

surface of a drop, which is also equal to the mass flowrate of the evaporated liquid (there is no 

dissolution of gas in the drop): 
22 4.4. ss rGrG ππ = , where r is the distance to the centre of the droplet 

in spherical coordinates. 

The conservation of the vapour gives 
22

,

2 4.4.4. ssssvv rGrGrG πππ == . 

The vapour mass flowrate is split into two parts: a convective part and a diffusive part given by Fick’s 

law:
Diff

v

CV

vv GGG +=  thus 
22 .... ss

v
v rGr

dr

dy
DGy =







 − ρ . 

The mass variation of a drop m&  is then given by:  

( )
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=

+==−
∞

sv

vsv

M

Msss

y

yy
B

BrDrGm

,

,,

1

2

1

1ln...44. πρπ&

 where BM  is the Spalding number of mass, and ‘∞’ 

denotes a state far from the droplet in the gas. 

Relative velocity between the drop and the gas increases the rate of mass transfer (evaporation-

condensation). This effect can be taken into account using the Sherwood number defined by: 

( ) ( )∞∞ −
−=

−
−==

,,,,

2 .2.4
.

.

vsvvsv

m

rD

m

r

m

D

d

D

dh
Sh

ρρπρρπ
&&

 

 

Moreover, the correlations of Frössling/Ranz-Marshall are widely used: 





+=
+=

3/12/1

3/12/1

PrRe56,02

Re56,02

Nu

ScSh
 (16) 

The first correlation depends on the Schmidt number and the Reynolds number. Here we want to 

extend the relation obtained above for m& if Re=0, i.e. Sh=2. That imposes the choice: 

( )Ms BrDShm +=− 1ln....2 1ρπ&   

We deduce the mass transfer in the core flow: 

( ){ }Mm

c BTDSh
d

+=Γ 1ln).(.
6

12

2

2
1 ρα

 (17) 

In the same way, the energy conservation combined with Fourier’s law leads to: 

( ){ }T

mp

mc B
Tc

T
Nu

d
+=Γ 1ln.

)(

)(
.

6

1

1

2

2

2
1

λα
 (18) 

with:   

- 
)(1

)(

2

2

Ty

yTy
B

sat

vsat

M −
−

=  the number of Spalding of mass, the subscript ‘sat’ denoting the 

saturation state; 

- 
( )

c

mp

T

TTTc
B

1

1

211

'

)(

Γ
Π−

−×
=  the number of Spalding of temperature; 

- 
1ρ

ρ v

vy = the vapour mass fraction in the gas mixture; 
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- Sh and Nu are respectively the Sherwood number and the Nusselt number; 

- D the coefficient of diffusion of the vapour in the gas mixture; 

- 1λ the thermal conductivity of phase 1, 1pc the specific heat of the gas mixture; 

- 
3

2 12 TT
Tm

+= the film temperature, to which the physical quantities D, 1λ  and 1pc  are 

estimated. 

 

We can simplify the expressions of 
c

1Γ  and 1'Π . Indeed, if we consider the limit cases 0, →TM BB  

and 0)( 2 →Ty sat  the former expressions are simplified to obtain: 

 

{ }

{ }









−=Π

−=Γ

1212

2

2
1

122

2

2
1

).(.
6

'

)().(.
6

TTTNu
d

yTTDSh
d

m

vsatm

c

λα

ρρα

 (19) 

 

For the expressions of the Nusselt and Sherwood numbers, we use the correlations of 

Frössling/Ranz-Marshall (Ranz, 1952), with:  

- 
D

Sc
1

1

ρ
µ= the Schmidt number  

- 
1

11
Pr

λ
µ pc=  the number of Prandtl  

- 
1

12

1
Re

µ
ρ dVr=  the Reynolds number  

- 
P

TT
TD ×= −410.88,4)(  the gas mixture diffusion coefficient (air/vapour). 

 

3.2.7 Wall transfer model 

We propose in this section an original model dedicated to the evaporation of droplets attached to a 

heated wall and surrounded by a hot gas. 

The model of drop-wall interaction which was developed and implemented is written as a symmetric 

extension of the nucleate boiling model at the wall, and uses as a starting point the model of mass 

transfer in the core flow. To establish this original model, we made the following assumptions:  

- the drops which accumulate on the walls take a hemispherical form; 

- there is no nucleate boiling in the liquid film nor inside the drops at the wall; 

- the drops which impact the walls successively see a stage of heating and a stage of 

evaporation; 

- the droplets stick to the wall (no rebound). 

The total heat flux exchanged between the wall and the flow is split into four terms: 

• 1Cϕ a single-phase flow convective heat flux at the fraction of the wall area unaffected by the 

presence of droplets (heat transfer between the gas and the wall); 

• 2Cϕ a single-phase flow convective heat flux at the fraction of the wall area affected by the presence 

of a liquid film (heat transfer between the liquid film and the wall); 

• Thϕ a single-phase flow heat flux to increase the droplet temperature and reach the saturation state 

(heat transfer between the droplets and the wall); 

• Eϕ a vaporisation heat flux. 
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21 →→ += wallwallwall ϕϕϕ  with 






−+Γ−=
Γ+=

→

→

211

11

)1(22

11

Ci

evap

wThwall

i

evap

wCwall

fhf

hf

ϕϕϕ
ϕϕ

αα

α
   (20) 

 

A classical law of single phase flow heat transfer at the wall is used to predict the flux: 

( )δϕ TThA w

vap

gC −−= log)1(
1

 and ( )2log2
TTh w

liq

C −=ϕ    (21) 

δT is the temperature of a point located in the turbulent boundary layer of the gas mixture, 
vaphlog  and 

liqhlog  are respectively the coefficients of heat transfer within the thermal boundary layers of the gas 

mixture and the film liquid phase. Ag is the sum of the areas of influence of each droplet over the unit 

surface. 

21 →→ Γ−=Γ=Γ ww

evap

w  represents the interfacial mass transfer at the wall caused by the droplets 

evaporation : ( )ii

evap

wE hhf 211
−Γ=⋅ϕα   (22) 

 

1αf is a phenomenological function introduced to take into account the case where the dispersed phase 

becomes continuous near the wall : drops accumulate on the wall and form a liquid film. 

The choice implemented in the code is as follows:   

( )[ ]













≤








>
−−

−
=

crit

crit

crit
crit

if

if

f crit

αα
α
α

αααα

αα

1

20

1

1
1

2

1

2

20exp
1

1
 and 2.0=critα    (23) 

 

We can now rewrite the total flow of energy yielded by the wall to the two phases in the following 

way:  ( )
2111

1~
CETh

tot

c

Cwall ff ϕϕϕ
τ
τϕϕ αα −+








++= . (24) 

Our model must still provide the expressions of Thϕ~ , Ag, 
tot

c

τ
τ

 and 
evap

wΓ . 

 

3.2.7.1 Modelling of evap

wΓ  

As we suppose that the drops at wall are hemispherical with a diameter wd  , the volume conservation 

leads to: drd ww
3

1

22 == . (25) 

For the calculation of the heat and mass transfers at the wall, we suppose that the drops located at the 

wall are sufficiently distant the one from the others, and we neglect the side effects. 

Heat is conducted through the droplet to the interface, where an abrupt temperature drop takes place 

due to evaporation. The mass fraction of the vapour component in the gas mixture is maximum at the 

interface, and by diffusion the mass fraction decreases to its bulk level with increasing distance from 

the wall. As time goes by, the liquid droplet becomes smaller, while the temperature at the heated wall 

and interface remains unchanged. Therefore, the mass transfer for a droplet can be expressed as:  

( )vwsatwmd yTrTDShm .)().(.. 1ρρπ −=&  (26) 

 

and so : ( )vwsatwmwmw

evap

w yTrTDShnqn .)().(..
~

1ρρπ −⋅=⋅=Γ &  (27) 

with wn  the surface density of drops on the wall. We neglect the droplets velocity at the wall, which 

gives 2=Sh . 
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Finally: evap

w

tot

vevap

w Γ=Γ
τ
τ~

 and our model must still provide the expression of 
tot

v

τ
τ

. 

 

3.2.7.2 Modelling of Thϕ~  

A simple approximate analysis is done below by estimating the conduction in the liquid droplet by the 

following correlation: 

δ
λ 2
2

TT
Aq w

Th

−=&  

where A  and δ  are the average cross-sectional area of heat conduction and the average path length of 

the conduction, respectively. For a hemispherical droplet, the contact area between the droplet and the 

heated wall is 
2

wrπ  and the interfacial area of the droplet is 
22 wrπ  . Thus, we can take the average 

conduction area as: 

( ) 222

2

3
2

2

1
www rrrA πππ =+=   

The average path length for conduction is: 

w

w

w r
r

r

A

V

9

4

)2/3(

)3/2(
2

3

===
π
πδ  

Therefore, the conduction in the liquid droplet becomes: ( )22
8

27
TTrq wwTh −= πλ&  (28) 

We then deduce the following expression: ThwTh qn &=ϕ~ . (29) 

 

3.2.7.3 Modelling of the density of drops at wall 

The calculations of 
evap

wΓ~  and Thϕ~  use the density of drops at wall. It is a problem which cannot be 

properly solved in a eulerian approach, which does not allow differentiating the drops at wall from the 

others. The number of droplets in the nearest cell to the wall is cellcellhSXN 2222 ρα=  where 

cellcellhS is the volume of the cell with cellS  the surface projected onto the wall. We can suppose that 

droplets at a distance lower than d  are sprayed onto the wall. Thus, we are only interested in the 

number of droplets in the volume cellSd . The number of droplets at the wall by surface unit is 

obtained by dividing by cellS  : 

( )max,ndnMinnw =  with 
2max

1

wr
n

π
= . (30) 

It is important to note that the result does not depend on the mesh. 

The wall surface unit is split into two parts : an area influenced by droplets Ag and a “single phase 

area” Ac with the relation Ag+Ac=1. Ag is the sum of the areas of influence of each droplet over the 

unit surface. Neglecting the overlapping areas of influence between adjacent droplets, Ag is written : 

( )2,1 wwg rnMinA π= , (31) 

and finally : ( )δϕ TThA w

vap

gC −−= log)1(
1

. (32) 

 

3.2.7.4 Modelling of the heating and evaporation time scale 

The evaporation of the droplets sprayed onto the hot surface is split into two stages: 
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- a stage of heating described by the heat flux ( )22
8

27~ TTrn wwwTh −⋅= πλϕ  during the time cτ and 

the energy providing by the wall to a droplet is cThc qQ τ⋅= & ; 

- a stage of evaporation described by ( )vwsatwmw

evap

w yTrTDShn .)().(..
~

1ρρπ −⋅=Γ  during the time 

vτ  and the energy providing by the wall to a droplet is vapvmv LqQ ⋅⋅= τ& . 

The total average flux provided by the wall to a droplet can be expressed by:  

vapm

tot

v
Th

tot

c

vc

vc
tot Lqq

QQ
&&

τ
τ

τ
τ

ττ
φ +=

+
+=  (33) 

Finally, we obtain the following formula:  

( )22
8

27~ TTrn ww

tot

c

wTh

tot

c

Th −⋅== πλ
τ
τϕ

τ
τϕ  (34) 

 and ( )vwsatwm

tot

v

w

evap

w yTrShTDn .)(.).(. 1ρρπ
τ
τ

−=Γ  (35) 

It remains to determine the heating and evaporation time scale cτ  and vτ . The heating time scale is 

obtained by solving a simplified heat conduction equation for a hemispherical droplet heated by a hot 

wall. The liquid droplet is initially at the temperature 2TT =  and heated via the term of conduction 
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The energy balance at the interface of a hemispherical droplet at the temperature wT  can be written as: 
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4 TOSQAN FACILITY 

The TOSQAN facility and the associated measurement levels are presented in (Lemaitre, 2005), 

(Malet, 2005, 2006, 2007) and illustrated in Figure 1. It is a closed cylindrical vessel (7 m
3
 volume, 

4.8 m high, 1.5 m internal diameter). The vessel walls are thermostatically controlled by heated oil 

circulation. The inner spray system is located on the top of the enclosure on the vertical axis. It is 

composed of a single nozzle producing a full-cone water spray. In the lower part of the vessel, the 

water impacting the sump is removed to avoid water accumulation and to limit evaporation. 

Gas temperature, volume fractions and droplets velocity measurements are available on TOSQAN at 

different heights Z. 

 

4.1 TOSQAN Test 113 sequence 

The TOSQAN spray Test 113 focuses on the dynamical effects of spray systems on entrainment and 

mixing of gases avoiding important heat and mass transfer exchanges. 



12 

The gas mixture is initially stratified: helium in the upper part of the vessel, and air in the lower part of 

the vessel. When the spray is activated, gas mixture is entrained, generating a global flow that leads to 

a global mixing in the vessel after several hundreds seconds. 

The initial helium stratification is given in Table 1. Symmetry has been checked experimentally so that 

the given values can be used on the whole radius. The main spray characteristics are given in Table 2. 

 

  
Figure 1:TOSQAN facility Figure 2:Meshing used for the TOSQAN calculations 

 

 
Table 1: Experimental gas initial conditions before spray injection (t = 0 s) in TOSQAN 113. 

Z (from the bottom)  
 

Helium concentration (%) Mean gas temperature (°C) 

 

Z13 = 3.93 m 99.0 +/- 0.5  31.8 

Z11 = 3.135 m 85.8 +/- 0.5  36.9 

Z10 = 2.8 m 47.6 +/- 1.0  At Z9 = 2.675 m : 34.72 

Z5 = 1.9 m 2.3 +/- 0.5  At Z6 = 2.045 m : 30.13 

Z1 = 0.87 m  1.9 +/- 0.5 At Z2 = 1.21 m : 28.7 

 
Table 2: Experimental spray characteristics in TOSQAN 113. 

Spray flow-rate  30 g/s 

Spray angle  55°C 

Spray injection height  0.65 m from the top on TOSQAN axis 

Initial droplet initial size  200 µm in the calculations 

Initial droplet velocity  Around 10 m/s 

Droplet injection temperature (°C)  30°C 

The flow is assumed to be axisymmetric so that a two-dimensional axisymmetric mesh is used. 

Computations have been performed on two kinds of meshing : a grid with 4460 cells (Figure 2) and a 

fine grid with 40140 cells. Results are similar (Figure 6) between “standard” (4460 cells) and fine 

mesh (40140 cells). Hence, the subsequent computations are performed on the first grid.  

According to (Malet, 2007), helium stratification break-up by spray in TOSQAN Test 113 can be 

divided into 3 stages: direct entrainment by the spray (Figure 3), global mixing by the spray (Figure 

5), slow diffusive mixing of the helium in the dome. 

The time evolution of the helium volume fraction measured by two sensors located respectively near 

the top and near the bottom of the TOSQAN vessel is represented on Figure 4. A reasonable 

agreement is obtained between experimental data and code calculation but the mixing time occurs 

slightly too fast in the simulation.  
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Some calculations have been performed to test the sensitivity to the turbulence model for both 

dispersed and continuous phase (not presented in the paper). Eddy Viscous Model and Reynolds Stress 

Transport Model applied to the continuous phase give similar results. Tests performed on the 

turbulence model of the dispersed phase give also similar results. A better understanding of the spray 

effects is still needed. 

The sensitivity to the droplet diameter (150, 200 (“standard”), 250 and 500 µm) is weak (Figure 6). 

Figure 3:Gas velocity, droplet velocity and helium mass fraction 

at t=6 sec. 

Figure 4: Time evolution of the helium 

volume fraction measured by two sensors 

located respectively near the top and near the 

bottom of the TOSQAN vessel. 

 

Figure 5:Gas velocity, droplet velocity and helium mass fraction 

at t=70 sec. 

Figure 6: Time evolution of the helium mass 

fraction measured by a sensor located near the 

top of the TOSQAN vessel. : sensitivity to the 
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mesh refinement and to the droplet diameter. 

 

4.2 TOSQAN test sequence 101 

The night before test 101, compressed air is injected into the open TOSQAN vessel in order to remove 

steam from former tests. On the morning of the spray test, the air injection is stopped. When a thermal 

steady state is reached, the vessel is closed (the vessel relative pressure is then 0 bar). 

An initial pressurization in the vessel is performed with superheated steam up to 2.5 bar. Then, steam 

injection is stopped and spraying starts simultaneously at a given water temperature (around 25°C) and 

water mass flow-rate (around 30 g/s). 

The transient state of depressurisation starts and continues until the equilibrium phase, which 

corresponds to the stabilization of the average temperature and pressure of the gaseous mixture inside 

the vessel. 

The test conditions are given in Table 3 for the gas initial conditions and  

Table 4 for the spray characteristics during the test. The mean wall temperature is about 120°C. 

 
Table 3: Experimental gas initial conditions before spray injection (t = 0 s) in TOSQAN 101. 

Mean gas temperature out of the spray zone 131.1°C 

Mean gas temperature in the spray zone  131.0°C 

Total pressure 2.5 bar 

Initial gas composition (from mass balance) 213 moles of air + 308 moles of steam,  

(59.1%vol steam) 
 

Table 4: Experimental spray characteristics in TOSQAN 101. 

 

Spray flow-rate 29.96 g/s 

Spray angle 55° 

Water injection temperature (°C) 

 

At t=0 s 

At t=311 s 

At t=1000 s 

Mean value integrated over 5 s at the given time – 

linear interpolation between two steps 

119.1°C 

22.1°C 

27.7°C 

Nozzle position 65 cm (Z14bis) from the top on the TOSQAN axis 

(R12) 

Droplet velocity 5 cm below the nozzle 10 m/s flat profile 

Spray half-width 5 cm below the nozzle 27.1 mm 

Droplet size  D10 =200 µm 

The wall temperature is maintained constant at 120 °C during the whole test. The atmosphere in the 

vessel is an air–steam mixture with a relative humidity of 75%, in which the mixture is assumed to be 

initially homogeneous with a pressure of 2.5 bars. We will see below that the mixture is not really 

initially homogeneous: the initial conditions for calculations are not fully representative of the 

experimental conditions. 

Figure 7 and Figure 8 illustrate respectively the temperature of the air-steam mixture and the air mass 

fraction at the end of the steam injection. Calculations show that both fields of temperature and mass 

fraction are not homogeneous. If the spray starts from this state, droplets enter in a dry and hot zone 

which leads to a fast vaporization during about 100s. The direct entrainment by the spray is the main 

dynamical phenomenon during this stage. After this first stage, we observe a global mixing by the 

spray and the mixture can be assumed to be homogeneous. 

But, for the benchmark, the mixture is assumed to be initially homogeneous with a pressure of 2.5 bar. 
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Figure 7: Temperature (K) of the air-steam mixture at 

the end of the steam injection. 

 

Figure 8: Air mass fraction at the end of the steam 

injection. 

 
 

The experimental results (Porcheron, 2007) show that four phases can be observed: 

- Phase A : Vaporization phase (strong increase of gas moles number; strong decrease of gas 

temperature); 

- Phase B : Fast condensation phase up to gas saturation (Strong condensation, gas moles number 

decrease, gas cooling due to convective heat transfer between gas and droplets); 

- Phase C : Saturated gas, slow condensation phase up to thermodynamic equilibrium (Gas cooling 

due to convective heat transfer between gas and droplets); 

- Phase D : Thermodynamic equilibrium (Equilibrium between heat taken by droplets and heat 

given by wall). 

 

  
Figure 9: Time evolution of the number of moles of 

gas 

Figure 10: Time evolution of the pressure 

Results obtained for the pressure time evolution are presented on Figure 10. The gas mole number 

time evolution is presented on Figure 9. It can be seen that the numerical results obtained for these 

global variables are in good agreement with the experimental data for the steady-state levels. If we 

don’t take into account the evaporation of the droplets at the wall, then the pressure equilibrium tends 

to 1 bar. 



16 

Concerning the transient phase, more discrepancies are obtained: calculations underestimate the 

pressure during the transient phase. 

However, the main objective of this TOSQAN benchmark was to recover the final steady-state, so that 

the boundary conditions of the first instants during the tests were not detailed specifically. As a result, 

numerical data cannot recover exactly the experimental ones during the initial period of the transient 

phases. Moreover, not enough measurements during this transient phase are available to compute the 

detailed phase A. 

The same kind of considerations can be done for the gas mole number time evolution: the steady state 

is quite well reproduced but the transient phase leads to higher discrepancies. 

 

The droplet vertical velocity on the Z14 horizontal axis (4 m) is presented on Figure 15. Results are in 

a reasonable agreement with the experimental data. Calculations present a large spray width because 

of the entrainment caused by the droplets. The spray width is in good agreement and so the modelling 

of the entrainment caused by the droplets seems quite realistic. 

Calculations show a recirculation loop with positive velocities near the walls indicating one big flow 

loop in the vessel. This result is made possible only if the relative velocity is different from zero which 

is the case with the two-fluid approach considered here since we solve momentum equations for both 

the liquid and the gas phase. 

Moreover, calculations show an almost linear deceleration of the gas and droplet velocities, without 

equilibrium velocity. 

 

Following Mallet et al. (Mallet, 2007), it should be also emphasized that results provided by 

calculations for the droplet temperature are quite realistic (Figure 16). Even if no droplet temperature 

has been measured for this test, measurements of droplet temperature exist for a similar test but with 

an off-centred spray nozzle (test A1, see (Malet, 2007)). Results show that the droplet temperature 

increase is located in the first 15 cm close to the spray nozzle. Even if this value can change from test 

A1 to test 101 (mainly because of a higher influence of the wall temperature on the spray region in test 

A1, resulting in a higher gas temperature on spray axis), the distance on which the droplet temperature 

has reached a constant value should not change drastically. 

 

Steam volume fraction (SVF) radial profiles are presented on Figure 12 and Figure 14. Calculations 

show a lower value of the SVF out of the spray region (around 53%vol, i.e. 0.06 bar lower than the 

mean value assuming homogeneous field) and a greater value in the spray region. Therefore vapour 

condenses on the surface of the droplets in the spray region and then the gas temperature decreases 

(Figure 11 and Figure 13). As a result, the droplets temperature increases in the spray region along the 

vertical axis (Figure 16). 

 

 

 
Figure 11: Radial profile of the gas temperature, on the 

Z14 horizontal axis, at equilibrium. 

Figure 12: Radial profile of the steam volume 

fraction, on the Z14 horizontal axis, at equilibrium. 
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Figure 13: Radial profile of the gas temperature, on the 

Z6 horizontal axis (2.045 m), at equilibrium. 

Figure 14: Radial profile of the steam volume fraction, 

on the Z6 horizontal axis (2.045 m), at equilibrium. 

 

 
Figure 15: Radial profile of the droplet vertical velocity, 

on the Z14 horizontal axis (4 m), at equilibrium. 

Figure 16: Axial profile of the droplet temperature 

along the symmetrical axis (R12). 

5 CONCLUSION 

We have presented in this paper the spray modelling implemented in NEPTUNE_CFD, a three 

dimensional two-fluid code dedicated to nuclear reactor applications. This local three-dimensional 

solver is based on the classical two-fluid one pressure approach, including mass, momentum and 

energy balances for each phase. Thanks to a code–to-experiment benchmark based on 2 tests of the 

TOSQAN facility, we successfully evaluated the ability of the code to reproduce the droplet heat and 

mass transfer on the one hand (TOSQAN 101 case) and the gas entrainment and atmosphere mixing 

by the spray on the other hand (TOSQAN 113 case). An original model dedicated to the droplet 

evaporation at the wall is also proposed.  

During the course of a severe accident in a Pressurized Water Reactor (PWR), spray systems are used 

in a containment the size of which is much larger than the TOSQAN vessel studied in this paper. 

Therefore, it seems that the diameter variations of the droplets caused by collision, fragmentation and 

coalescence should be taken into account in future calculations. 
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ABSTRACT 
 
The CFD code GASFLOW solves the time-dependent compressible Navier-Stokes Equations 
with multiple gas species. GASFLOW was developed for non nuclear and nuclear applica-
tion. The major nuclear applications of GASFLOW are 3D analyses of steam/hydrogen distri-
butions in complex PWR containment buildings to simulate scenarios of beyond design basis 
accidents. Validation of GASFLOW has been a continuously ongoing process together with 
the development of this code. This contribution reports the results from the open post test 
GASFLOW calculations, that have been performed for new experiments from the OECD 
SETH Benchmark. Discussed are the steam distribution tests 9 and 9bis , 21 and 21bis involv-
ing comparable sequences with and without steam condensation and the last SETH test 25 
with steam/Helium release and condensation. The latter one involves lighter gas mixture 
sources like they can result in real accidents. The Helium is taken as simulant for hydrogen. 
 
1. INTRODUCTION 
 
The CFD code GASFLOW II solves the time-dependent compressible Navier-Stokes Equa-
tions with multiple gas species (Travis et al., 2007). It models two-phase effects of condensa-
tion and/or vaporization in the fluid mixture region with the assumption of the homogeneous 
equilibrium (HEM) model, two phase heat transfer to and from walls and internal structures 
by convection and mass diffusion, and the chemical kinetics of hydrogen combustion with 
general ignitor models and catalytic recombination. The code is applied in the 3D analysis of 
steam/hydrogen distribution in various PWR containments to simulate scenarios of beyond 
design basis accidents. Validation of GASFLOW with thermal hydraulic experiments that 
simulate such scenarios or some of their aspects is an ongoing effort with involvement of all 
members of the GASFLOW users group, which comprises industrial and research partners. 
GASFLOW successfully participated in the blind  and in the open post test analysis of the 
international standard problem ISP47. The success and the problems in simulating the ThAI 
test TH13 from this benchmark have been shown in a paper to the previous CFD4NRS con-
ference (Royl et al., 2006).  The OECD Panda SETH experiments and their results, which are 
accessible to members of the funding countries, have further widened the data base for pre-
dicting such containment related severe accident scenarios. The tests were designed by the 
Swiss Paul Scherrer Instiute and performed in their Panda facility (Auban et al, 2006). A 
GASFLOW analysis of some of these tests has been jointly made by the Korean Atomic En-
ergy Research Institute (KAERI) and by Forschungszentrum Karlsruhe. This contribution will 
report the results from the open post test GASFLOW calculations, that have been performed 
for the steam distribution tests 9 and 9bis, 21 and 21bis involving comparable sequences 
without and with steam condensation and for the latest Panda SETH test 25 with 
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steam/Helium release and condensation. The 
latter one involves  lighter gas mixture sources 
like they can result in real accidents. The He-
lium is taken as the simulant  for hydrogen. Fig-
ure 1 shows one of the 3D cartesian 
GASFLOW facility models applied in the 
analysis of these tests.   
 
2. SIMULATED PANDA SETH TESTS 
 
The OECD SETH project has initiated a series 
of 25 tests in the two rooms DW1 and DW2 of 
the large scale thermal hydraulic facility Panda 

to simulate mixing and stratification phenomena in a larger multi-compartment gas volume 
approaching the dimension of actual containment compartments. Figure 2 gives an overview 
of the 6 experiments from this series that were simulated with GASFLOW. The two vessels 

DW1 and DW2 have the same volume of 90 m3 each and are all initially filled with dry air. A 
feeding vessel DW1 is connected to the receiving vessel DW2 through a bended  pipe with a 
large diameter. In all analyzed tests except test 25 a vent hole was active in the dome of DW2 
that maintained a constant pressure of 1.3 bar.  Tests 9 and 9bis investigated the spreading of 
a buoyant steam plume over these two compartments that resulted from a low velocity 
horizontal injection into the lower region of DW1. Tests 21 and 21bis  investigated the 
spreading from an axial steam injection high in the dome of DW1. Tests 9 and 21 were run 

 
Fig. 1: Fine 3D model of the Panda  facility 

 

 

Fig. 2:  SETH tests analyzed with GASFLOW 
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from an axial steam injection high in the dome of DW1. Tests 9 and 21 were run with higher 
steam temperatures. The whole facility was preheated to a high enough temperature to sup-
press steam condensation. Tests 9bis and 21bis  were run in a  less pre heated facility with a 
lower steam temperature that allowed for steam condensation.  The 9 and 21 series tests all 
applied the same constant rate of steam injection of 14g/s. They are well suited for testing 
condensation models currently implemented in CFD codes. The test facility is insulated but 
can absorb heat with its heat capacity. Test 25 is the final test from the SETH series. It simu-
lated a sequence of steam/helium injections into  the air filled facility initially at room tem-
perature (Paladino, 2007).  The gas spreads into a dead end vessel DW2 because the vent 
valve in DW2 is closed. Gas venting in test 25 occurs through a vent pipe in DW1 below the 
source and interconnecting pipe. This vent pipe connects to the large wet well volume (WW). 
The vent pressure in this test is recorded. It rises monotonically with time and can be applied 
as a pressure boundary condition in the analysis instead of the constant vent pressure in DW2. 
In test 25 only the pressure but not the volume flow rates at the entrance to the vent pipe 
could be measured. The problem times to analyze the 9 and 21 series tests were 7000s. Test 
25 involved two equally long phases of 7200 with a steam/helium injection in phase 1 fol-
lowed by a pure steam injection in phase 2. The total problem time to analyze for this test is 
14400s.  
 
3. GASFLOW MODELS OF THE TEST FACILITY 
 
The facility has been simulated in coarse (13,000), fine (115,000) and extremely fine 
(365,000)  3D Cartesian meshes (figure 3). A fine mesh with 115,351 cells was developed 
with a smaller number of blocked cells (orientation I). The source had to be split up into equal 
x and y components with this mesh to achieve the proper injection angle of 45 degrees be-
cause the steam injection was not on the x-coordinate axis. The coarse model for orientation 
II simulated the injection along the x-axis. It had 24,180 cells with nearly equidistant xyz 
meshes of 33 cm and a higher fraction of blocked cells. The finest grid model for orientation 
II had 365,040 cells with fine axial grid sizes of 5 cm between the injection location and the 
horizontal sensor plane at 380 cm and fine xy mesh of 5cm on the source side of DW1. Good 
agreement with the test data was found with all meshes. Comparisons showed that neglecting 
the bend of the connection pipe and modeling a straight pipe with a length of 5m between the 
vessels has no strong impact on the results. To economize on the CPU time we then ran most 
tests with the straight pipe model which allows to simulate the tests with only 13,182 cells of 

nearly equidis-
tant meshes of 
33.33 cm. For the 
studied tests, 
coarse and fine 
meshes gave 
quite good over-
all results as long 
as condensation 
didn’t come into 
play. With con-
densation we 
obtained nearly 
mesh independ-
ent overall results 
when the heat 
transfer with the 
applied wall 
functions was 
enhanced in the 
ratio of the 

 
Fig. 3: Applied horizontal meshes 
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coarse and fine wall mesh. Analysis of test TH13 from ISP47 showed a similar agreement 
when going from a fine to a coarse mesh with this type of wall function adjustment. The large 
fraction of  structure surfaces in the facility that have mostly stagnant flow conditions during 
the test justifies this enhancement. Like in all other CFD codes that apply wall functions to 
avoid resolving the boundary layer there is still a need for a wall function formulation that 
gives a mesh independent heat transfer in the transition to stagnant flow conditions.  Table 1 
gives an overview of the analyzed tests, the key test parameters and the applied meshes. All 
simulations applied the second order van Leer advection scheme together with the standard k-
ε turbulence model. 
 
Table 1: SETH test parameters and GASFLOW facility models 

 
 
4. RESULTS 
4.1 Tests 9 and 9bis 
 
The fine and finest mesh simulations of these tests all adapted the mesh to make the faces of 
the feeding cells for the horizontal buoyant plume to match the area of the injection orifice to 
inject the steam with its correct injection momentum. In test 9 with the finest mesh the hori-
zontal temperature profile 2m above the injection location  (figure 4) shows the same location 
and height of the peak at 250 s as the CFX-4 simulation with the finest mesh of 700,000 cells.  
Calculations with a coarse GOTHIC model with 26,000 cells give about the same peak loca-
tion but lower peak temperatures (Andreani, 2005). The coarse mesh GASFLOW model in-
jects with a too low injection momentum and gives the peak closer to the wall with similar 
peak  

 
Fig. 4: Horizontal temperature profiles 2 m above injection jet 

 
temperatures as GOTHIC. More mixing of the momentum, mass, and energy occurs in the 
coarser mesh. So far all CFD analyses of test 9 predict higher than measured peak tempera-
tures at the comparison point. The reasons for this are not yet understood. Condensation 
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doesn’t effect modeling of test 9 in any calculation. Some influence could come from radia-
tion cooling of the hotter steam plume which was not accounted for in any calculation. The 
measured temperature peaks from test 9bis at 250s are better predicted. Over predictions are 
again seen around 2800 and 6000s. The tail values outside the peak are in better agreement 
than the peaks.   
 
In the early test phase the results with the fine and coarse mesh showed significant differences 
in the velocity profiles. But these did not alter the overall convective flow between the two 
test vessels, because local mesh effects generally smeared out during the deflection of the 
buoyant flow in the dome region. The axial profiles  of the steam concentrations along the 
centerline of DW1 and DW2 (figure 5) show acceptable agreements with the test data.  The  

 
Fig. 5: Axial steam concentration profiles in the centerlines of DW1 and DW2 

 

 
Fig. 6: Test 9bis final condensate film [cm], steam cloud and vessel temperature  (7000s) 

 
straight pipe model gives  a little more spreading into DW2 with lower concentrations in 
DW1. The results for the coarse and fine mesh model with the bended connection pipe are 
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closer. Test 9bis with steam condensation shows higher steam concentrations near the bottom 
of the facility. They are likely to originate from the vaporization of a draining film into the 
dry air region below the steam cloud, (Andreani, 2005).  GASFLOW only simulates a static 
film and shows no film in DW2 below the connection pipe in the final snap shot with the 
coarse 3D model (figure 6) that also gives the 40% steam cloud together with the more ele-
vated vessel temperature in the regions with higher steam concentrations.  
 
The recorded volume flow rates at the vent in DW2 rapidly reduce over the inlet flow to some 
plateau values that reflect the cooling of the injected steam by mixing with air (figure 7). A  

 
Fig. 7: Volume rate and steam concentration at the vent (tests 9 and 9bis) 

 
further decay to a second plateau occurs in test 9bis after onset of condensation around 3000s. 
This plateau is controlled by the constant pressure of 1.3 bar at the vent and predicted well. 
Thermodynamically this pressure enforces a quasi stationary condensation rate with saturated 
conditions. But the transition to the second plateau is too slow with the coarse model while 
the fine mesh results follow the test data more closely. The transition in the coarse mesh 
simulation in which the heat transfer was enhanced  by the ratio of the coarse and fine wall 
mesh (factor 2) falls  right on the result of the fine mesh. The measured steam concentration 
at the vent (lower graph in figure 7)  is well predicted in GASFLOW with the coarse and fine 
meshes It shows similar initial increases and a pronounced slowing down of the growth in test 
9bis after condensation onset. Calculated steam distribution in DW1, in the interconnection 
pipe, and in DW2 show a somewhat better agreement for the coarse models with the bended 
vs. the straight pipe. But from the tendency both models capture the correct phenomenology.  
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4.2 Tests 21 and 21bis 
 
The GASFLOW simulation of tests 21 with the straight pipe model also gives excellent pre-
dictions for the volume rates and steam concentrations at the vent in DW2 (figure 8) in par-
ticular for the time of steam arrival. With the direct impingement of steam in the dome con- 

 
Fig. 8: Volume rate and steam concentration at the vent (test 21 and 21bis) 

 
densation in test 21bis comes in very early and the volume rates reduce more rapidly than in 
test 9bis.  Steam condensation  heats up the dome and the volume rate at the vent valve goes 
through a minimum when the dome structure is saturated and cannot condense so much steam 
anymore. After this GASFLOW predicts it to rise only gradually as the steam cloud propa-
gates into the vessel regions below the larger dome surface. Initially the test data show a simi-
lar behavior but then rise again shortly to an intermediate peak before they decay to similar 
rates as calculated in GASFLOW. (Andreani, 2007) attributes this peak to an additional vol-
ume source from the vaporization of the condensate film draining on the preheated structures 
into regions with dry air. This interpretation is consistent with the earlier steam arrival in the 
test relative to the much later arrival predicted in GASFLOW which does not model a moving 
film.  The final steam concentration from GASFLOW at 7000 s approaches the test data well. 
The quasistationary condensation then reflects the thermodynamic boundary condition set by 
the vent valve pressure.  
 
4.3 Test 25 
 
The steam/Helium distribution test 25 investigates the distribution of light gas mixtures with 
condensing steam in air over two rooms with a dead end like it can occur in containment 
rooms in severe accidents (Royl et al., 2002). Figure 9 gives the applied steam/helium source 
and the pressure boundary  in this test with an axial injection near the mid height of DW1. 
The initial injection velocity is 4.3 m/s. Injection starts with a Froude number of 2.3 which is 
characteristic for a rising plume whose buoyancy dominates over the injection momentum 
already at short distance from the source. The vent is located in the lower region of DW1 far 
below the injection source and the interconncection pipe (IP).  GASFLOW uses a pressure 
boundary condition at the location of this vent with the recorded monotonic increase of the 
pressure from figure 9.   The source gas is injected from a sealed off reservoir cell in the 3D 
fluid mesh with a time dependent steam/helium composition using a velocity boundary condi-
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tion at the open feeding side on the top of the source cell. GASFLOW has an option to reduce 
the area of the feeding source cell  
 

 
Fig. 9: Source and boundary conditions for test 25 

 
to inject with the correct injection momentum. But the cell surface of 1111 cm2 in the coarse 
mesh is much larger than the 314 cm2 cross section of the 20 cm injection pipe. The use of 
this option introduced a too strong air entrainment into the fluid cell right above the source. 
This diluted the steam/helium mixture close to the source and the concentration of the helium 
layer built up from steam condensation in the dome did not reach the measured high level. For 
the buoyancy dominated plume rise in this experiment it turned out better to use the cell face 
from the coarse mesh without the area reduction and neglect the error from a too low injection 
momentum.  

Figure 10 compares 
the calculated and 
measured helium 
concentrations in the 
dome, middle and 
low regions of DW1 
and DW2 when using 
the mesh face of 
1111 cm2 and the 
reduced area of 314 
cm2. The initial he-
lium volume fraction 
in the source gas is 
36%. As the source 
plume rises to the 
dome, steam con-

denses on the cold vessel which increases the helium volume fraction. More and more helium 
accumulates in the dome and builds up a stratified high concentration helium layer that iso-
lates itself and prevents the further addition of source gas and energy from below. The strati-
fied layer is not affected at all when the steam/helium/air mixture below flows over into DW2 
after 2000 s which temporarily reduces the helium volume fraction in the middle region of 
DW1. Too much air entrainment due to the local reduction of the cell area prevented the 
buildup of this layer and gave more mixed concentrations in the middle and upper region of 
DW1. It also caused a faster increase of the helium concentration in DW2. The gas flowing 
over into DW2 has already a reduced steam content and nearly all steam that is brought into 
the cold DW2 condenses. This builds up another low density self insulating high concentra-
tion helium layer also in DW2 that is even thicker than in DW1 with almost the same helium 
concentrations in the dome and middle region. The switch to a pure steam injection after 7200 

 
Fig. 10: Helium concentrations DW1 and DW2 in test 25 
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s has nearly no impact on the stratified layers. They are predicted to remain stable throughout 
the analysis. The steam only dilutes the helium concentration in the middle region. 
GASFLOW predictions without the area reduction are in very good agreement with the test 
data. The temporarily higher than measured concentration predicted in the lower region of 
DW1 is related to the difficulty to catch the rather sharp lower helium front in phase 1. 
 
The measured concentrations of helium and steam at the vent pipe show helium to arrive 2000 
s before any steam reaches this location (figure 11). This earlier arrival of helium far below 
the injection location is well predicted. It is related to the fact that drying steam/helium/air 
mixtures on condensing sur-
faces initially gives locally 
higher dry air/helium densi-
ties and causes a local down 
flow of the dried helium/air 
mixture next to the wall. As 
more and more helium is 
added the dried 
steam/helium/air mixtures 
become lighter. Then they 
rise and contribute to the 
stratified gas region. The 
measured temporary con-
densation sedimentation ef-
fect is of relevance also for 
containment applications, 
where increased hydrogen 
concentrations are eventu-
ally predicted in the lower 
region during most scenarios 
(Royl et al., 2002) because 
hydrogen release is limited 
to lower mixture concentra-
tions than in test 25. Figure 
12 gives the regime map in 
which steam condensation out of a steam/helium/air mixture can result in a sedimentation or 
stratification depending on the mixture composition. The concentration development during 

test 25 in a near wall 
cell has been entered 
and shows an initial 
sedimentation phase 
followed by stratifica-
tion after the he-
lium/steam concentra-
tion crosses the 38/20 
% limit. The data from 
test 25 validate the pre-
dicted hydrogen sedi-
mentation that has been 
questioned in earlier 
containment applica-
tions with GASFLOW. 
During the steam re-
lease after 7200s the 
helium concentration 
reduces. The spikes 

Fig. 11: Gas concentrations test 25 at the vent 

 
Fig. 12: Thought experiment on density changes from drying 

steam/he(h2)/air 

 

Fig. 11: Gas concentration test 25 at the vent 
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come from calculated backflows each time when the rising pressure at the vent exceeds the 
vessel pressure during a short time. The steam released after 7200 s compresses the stratified 
helium  clouds in DW1 and DW2. It cannot penetrate into the clouds with lighter gas, so their 
temperatures increase only slightly from the compression. 
 

The steam regions in figure 13 under the helium clouds at the top are the zones with the 
higher fluid temperatures. They are well reflected also in the GASFLOW results. Vessel tem-
peratures in figure 14 also show low values in the region next to the stratified helium cloud in  

 
Fig. 13: Final fluid temperatures test 25 at 14400 s 

the dome and higher fairly uniform temperatures in the steam cloud underneath. Agreement 
with the measured data in DW1 is quite good except for the slight increase in the dome re-
gion, which is not reflected in the displayed node 28. This GASFLOW node already includes 
the full heat capacity in the man hole region and cannot follow the temperature increase in-
duced by the gas compression. Figure 14 also shows the applied 3D Cartesian GASFLOW  
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Fig. 14: Final structure temperatures test 25 and test data for DW1 
 

model of the test facility that was simulated adiabatic on the outside as a composite structure 
with 2 cm steel and 20 cm rockwool assuming 1D heat conduction with 52 nodes. The steel 
thickness was doubled in the two uppermost nodes due to the thicker structure in the man hole 
region.  

 
5. CONCLUSIONS 
 
The GASFLOW simulations for the selected Panda tests 9 and 9bis have shown that in the 
absence of condensation the results with the finest mesh agree well with other calculations for 
test 9 at the compared reference time of 250s, yet all give higher than measured temperatures. 
Coarser meshes locally mix mass, momentum and energy too fast, yet globally they give 
nearly the same results as the fine mesh which holds both for tests 9 and 9bis. Convergence of 
local data could not be reached with the different meshes. But the successful interpretation of 
tests 9 and 9bis demonstrates, that broad atmospheric changes can be captured with coarse 
meshes quite well. Transient locally heterogeneous conditions will not impact much and don’t 
have to be zoomed with extra fine meshes. GASFLOW calculations with coarse meshes for 
test facilities of widely different sizes (up to full containments like HDR in test E11.2 (Royl et 
al, 2006)) confirm that one can reliably predict thermal-hydraulic processes in full reactor 
containments with such models. The failure to properly determine the volume rates at the vent 
in test 21bis indicates that a moving film model may be a desirable feature for implementa-
tion. Both tests 9bis and 21bis are well suited for testing and further improving the steam 
condensation/vaporization modeling in CFD codes.  
 
Our analysis predicts the high concentration stable helium layers in test 25 quite well in both 
DW1 and DW2 that result from the steam condensation out of the source gas mixture on the 
cold vessel walls. This includes a good simulation of helium accumulation in a dead end com-
partment, like it is found in many reactor containments. The earlier arrival of Helium relative 
to steam at the vent pipe in test 25 far below the injection source was well predicted. It is 
related to the fact that steam/helium/air mixtures can temporarily get heavier on condensing 
walls and give a secondary convection that brings down helium (hydrogen) into the lower 
region of the containment. As more and more helium is added these dried helium/steam/air 
layers become lighter and contribute to the stratified gas region. The measured temporary 
condensation sedimentation effect in test 25 has a big relevance also for containment applica-
tions. They exhibit such effect in many scenarios because hydrogen/steam injections never 
reach high enough hydrogen volume fractions for a condensation stratification. On larger time 
scales more elevated hydrogen concentrations are thus  often accumulated in the lower rather 
than in the upper  containment regions. Test 25 validates this predicted sedimentation effect 
from containment analyses with GASFLOW that has sometimes been questioned. 
 
The axis scales in the figures of this paper could not be shown to keep confidentiality with 
respect to the release of these experimental data as addressed in the project agreement. The 
condensation phenomena controlling this test are relevant for all accident scenarios in reactor 
containments. Their good interpretation backs up the predictive quality of GASFLOW for full 
containment simulations. The coarse model applied in the simulation of the facility was suffi-
cient for capturing the dominant phenomena. Using the GASFLOW option to strongly reduce 
the area of the feeding source cell to match the injection momentum turned out to give too 
much local entrainment at the source so that this parameter should not be applied to inject 
with the correct momentum in a coarse mesh. The wall functions to describe heat, mass and 
momentum transfer in a coarse mesh still require further work to arrive at a heat transfer that 
is mesh independent when approaching stagnant conditions.  
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Abstract: The increased use of CFD for analysis and design purposes demands high quality data 

to validate the code’s results. The present paper introduces a measuring system able to 

characterize the gas composition and to withstand the rough conditions inside a large-scale 

containment test facility. The speed of sound in ideal gases is a function of the gas composition. 

Out of the measured time of flight of an ultra sound pulse between a pair of transducers the 

integral speed of sound along the chord spanned between the transducers is computed. This 

quantity characterizes the gas composition and therefore can be used for model validation 

purposes even though concentrations of individual components cannot be resolved in cases of 

more than a binary mixture. The results of preliminary tests specifying the measurement system’s 

properties are discussed. 

 

1 INTRODUCTION 

 

The actual trends in reactor safety research show a wide use of CFD codes. Growing calculation 

power allows the application of CFD also for containment analyses. Experimental data needed for 

code validation have to be obtained preferably from large scale tests, minimizing the impact of 

scaling distortions in the assessment of the CFD models. Phenomena such as fluid (air, steam, 

hydrogen) stratification in the containment as well as break-up of stratification induced by 

negatively buoyant flow, gas transport between containment compartments, wall condensation, 

etc. have been identified as high-ranking phenomena playing an important role in issues directly 

related to the safety or to the design of future reactors (Yadigaroglu et al., 2003). In the frame of 

the OECD/SETH-2 project the large scale test facility PANDA, located at Paul Scherrer Institute 

in Switzerland, is used for an experimental program investigating phenomena relevant for LWR 

containment safety (Paladino et al., 2008). The PANDA instrumentation allows to measure fluid 

temperature, velocity, gas concentration, etc. in challenging situations arising from the fluid 

conditions inside the facility (pressures up to 1 MPa and temperatures up to 200°C) and in 

presence of multi-component mixtures (air, steam, helium). Specific test scenarios characterized 

by steam condensation challenge further the use of measurement techniques such as the 

PIV system for fluid velocity or Mass Spectrometer (MS) for gas concentration measurements. 

The mass spectrometer is connected to a pre-selected set of 38 capillaries taking samples from 

various positions inside PANDA. The capillaries are multiplexed to the analyzer successively. 

Due to the slow convergence of the MS measurement the resulting sampling period is up to 380 s 

when all capillaries are sampled. 

In a research cooperation between ETH Zürich and PSI new sensors are under development that 

are suitable for the characterization of the gas composition in large volume vessels such as those 

of PANDA facility. With respect to the gas measurements currently performed using the MS, the 

new sensors will allow a higher frequency for the data acquisition. Figure 1 shows the vessels of 

PANDA which will be used in the SETH-2 tests. The upper two vessels in Figure 1 are connected 

by a pipe of large diameter (80 cm). In total these two vessels and the interconnecting pipe have 

180 m
3
 total volume. 
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The final goal of the current R&D for the new sensors is to obtain quantitative information 

characterizing the multi-component gas compositions in large volumes (like PANDA 

compartments) with a sufficient high frequency. The high frequency is necessary to capture the 

timing for the gas stratification break-up or for fast transient scenarios. The timing of gas 

stratification break-up is one of the parameters which can be directly compared with 3D code 

predictions. The new sensors are suitable e.g. for tests aiming at studying the behavior of a 

stratified layer of hydrogen, accumulated as a consequence of a core damage accident. Such test 

series are under preparation in PANDA facility (Paladino et al., 2008). In these tests the 

formation of an helium-rich layer (helium being the model fluid for hydrogen) in the upper 

volume of a PANDA compartment will be postulated and the possibility to break the helium 

stratification by the vertical release of steam that become negatively buoyant after impinging on 

the helium layer will be investigated. 

Vessel 1 Vessel 2Vessel 1 Vessel 2

 

Figure 1: PANDA facility. The upper left vessel is the one where the measurement system will be 

installed. 

 

2 SPEED OF SOUND MEASUREMENT 

The speed of sound of an ideal gas is depending on its molecular mass M, the adiabatic 

exponent k and its temperature T like shown in equation 1 

gas

k R T
c

M

⋅ ⋅= . (1) 

In mixtures of gases the adiabatic exponent k and the molecular mass M are functions of the 

fractions xi of its components 

i i i

i i i1 1

x k x
k

k k

⋅=
− −∑  (2) 

i i

i

M x M= ⋅∑ . (3) 

From equations 1 – 3 follows that at a given temperature the speed of sound is a unique function 

of the concentration ratio and in case of a binary gas mixture this function is one to one. Often, 

the containment atmosphere is a mixture of more than two components. In such cases, the gas 

concentration vector cannot be resolved into its single components by only one independent 

parameter like the speed of sound, but the speed of sound can serve as a quantity characterizing 



 3 

the gas composition. Measured speed of sound data can be used for code validation purposes, 

which is often the main goal of the experiments. To do so, the results of the model calculations, 

delivering theoretical values of the concentrations of all participating gases can be transformed 

into a speed of sound. The distribution and transient change can be compared to the measuring 

results in order to draw conclusions on the model accuracy and reliability. 

 

3 TRANSDUCERS FOR SPEED OF SOUND MEASUREMENT 

The transducers (see Figure 2) for the speed of sound measurement were developed by Melnikov 

et al. (2006). They work in a similar way like speaker and microphone. They are based on lead-

zirconat-titanat piezoelectric crystals accommodated in a tight cylindrical stainless steel case. On 

one end there is a conical wave-guide conducting the sound towards a transversal resonance plate 

serving as an "antenna" for the ultrasound. On the opposite end there is a cylindrical resonance 

body helping to direct most of the energy towards the antenna. The transducers are tuned to a 

frequency of 37 kHz. This near ultrasound is able to be irradiated into a gaseous medium. 

Transmitters and receivers are identical. To avoid body sound transmission, a piece of silicon 

resin foam has to be put between the foot of the transducer and the fixing gadget. 

 

 

 

Figure 2: Ultrasound transducer with silicon foam and fixing gadget. 

 

3.1 Measuring Principle of the System 

The speed of sound is measured between pairs of transducers mounted in a certain distance from 

each other. Following a given pattern, each transducer will emit a pulse of sound while the 

remaining transducers are receiving. Figure 3 shows a schematic of the system. 

To emit a sound pulse, the CPU selects via the de-multiplexer (Demux) one of the 32 channels. 

The 37 kHz sinusoidal signal from the sinus generator is forwarded to the selected channel and 

transformed to an amplitude of 600 Vpp. Because of this signal the piezoelectric crystal inside of 

the transducer oscillates and the vibration propagates through the wave guide to the sound plate. 
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Due to the oscillations orthogonal to the plate bending waves are excited and propagate towards 

the ends of the sound plate. These bending waves irradiate sound into the surrounding gas under 

the angle (Melnikov, 2006) 

 cos
gas

bend

c

c
α =  (4) 

from the plate, where the propagation speed of the bending waves is defined by (Cremer, 1967) 

1.8bend metalc c h f≈ ⋅ ⋅ ⋅ . (5) 

cmetal denotes the longitudinal sound speed inside of the sound plate in axial direction, h denotes 

the thickness of the sound plate and f the excitation frequency. The bending waves are reflected at 

the end of the sound plate creating a pattern of superposed waves. The duration of the sound pulse 

is adjustable, typically in the range of 1 ms. 

For the receivers the principle of the transducers is reversed, i.e. the sound plate of the receiving 

transducer is excited to bending oscillations forwarded through the wave guide to the 

piezoelectric crystal. Being deformed the crystal emits electrical charges. The charges are 

amplified and pulse shaped in a way that the output signal represents the envelope of the received 

sinusoidal sound signal. The output signals as well as the digital edge of the send pulse are 

recorded with a sampling frequency of 78 kHz, which represents the maximum sampling 

frequency available with the data acquisition. 

With this procedure of exciting all transducers after each other while the others are receiving a 

distribution of the integral sound speed measured along the chords spanned between the 

transmitter and the receivers is obtained. 

 

CPU
demux, driver

sinus generator

amplifier

pulse
shape

SRS

data acquisition

 3232

3232
 

Figure 3: Block diagram of the measuring system consisting of the transducers, the transmitter and 

the receiver part. These last two parts are separated by the send receive separator (SRS). 

It is in the nature of the time of flight measurement to sample an integral measure along the chord 

spanned between emitter and receiver. The loss of the one dimensional distribution information 

along the chord is compensated for by the better time resolution of 1 Hz compared to the installed 
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mass spectrometers (380 s per frame). The sampling rate is limited to about 1-2 Hz for the entire 

ultrasound system due to the reverberation time of the transducers and the vessel volume. 

 

3.2 Data Evaluation 

The aim of the measurement is to deliver a speed of sound distribution. The speed of sound is 

computed out of the time of flight that is derived from the recorded signals like shown in Figure 

4. The green plotted signal output from the pulse shaping part of the receive unit is gained inside 

the receiver by an analog filter by cutting off the negative half wave of the incoming charges and 

low passing the positive component of the signal. The output signal shows two components. One 

is the superposition of direct sound and echo and forms the envelope. The high frequency with 

the small amplitude superposed is the received excitation frequency damped after the low pass 

filtering. 

The time of flight TOF is assumed to be the time difference between the positive edge of the send 

pulse and the moment when the received signal starts to rise (see Figure 4). It is well known that a 

bend in a signal has a local extremum in the 2
nd
 derivative of the signal as well as it is known that 

deriving a noisy signal is challenging. In the present case the second derivative is gained using 

the acausal Savitzky-Golay-filter algorithm (Sterliniski, 1974) with a width of 101 and an order 

of 7. This filter consists of a core that is symmetrically convoluted with the signal. The 

2
nd
 derivative is plotted in red below the signals (Figure 4). The avoid uncertainties from the 

noisy signal a smoothing function is fit into the 2
nd
 derivative. The first local minimum of this 

smoothed function after the signal fell below a noise cutting threshold denotes the moment when 

the pulse arrives at the receiving transducer. The time of flight TOF now can be computed as 

sample

sampling

n
TOF

f
=  (6) 

with nsample denoting the position of the local minimum and fsampling denoting the sampling 

frequency of the data acquisition. From equation 6 the speed of sound 

measured

s
c

TOF
=  (7) 

can be calculated, where s denotes the distance between the transducer pair. 
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Figure 4: a) Recorded raw data. Blue: duration of send pulse, Green: output signal of the receiver 

unit, Red: 2
nd
 derivative of Green. b) Zoom of signals. All signals are plotted versus time  

(timescale 80 kS/s). 
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3.3 Sensor tests 

Up to now three different kinds of sensor tests have been carried out:  

- tests to prove the ability of the transducers to withstand the conditions inside Panda, 

- calibration tests in air with different set-ups and 

- calibration tests in helium with a constant set-up. 

 

In order to prove the transducers can withstand the conditions inside PANDA compartments two 

transducers have been mounted inside PANDA during several preliminary tests under conditions 

prototypical of the tests foreseen in the frame of the OECD/SETH-2 project. The sensors’ 

behavior was observed and showed no conspicuities. It has been noted that for test conditions 

characterized by extensive steam condensation, it may occur that water drops deposit on the 

sound plates and distort the resonance frequency so that no signal is received anymore. As soon 

as the water drops evaporate the transducers came back to function again. 

 

 

 

Figure 5: Sketch of varied parameters for measuring the directional characteristic. 

In a second test the sensors have been installed in different distances from each other to check the 

accordance of the theoretical time of flight TOFtheor as function of distance against the measured 

time of flight TOFmeasured. Also the orientation and the shape of the sound plate, the angle of the 

emitter to the receiver and the angle between emitter and receiver have been varied for 

determining the directional characteristic. The evaluation of the data, done as described before, 

delivered a set of measured times of flight TOFmeasured. These values have been compared with 

theoretical values TOFtheor computed from equation 8 

theor

air

s
TOF

c
=   (8) 

where s again denotes the distance between the transducers (see Figure 5) and cair, the sound 

speed in air was assumed to be 343 m/s (see Figure 6). The delay 

measured theorD TOF TOF= −
 (9) 

is plotted versus the distance between the transducers in Figure 9. 

The delay is independent from the orientation of the sound plates but shows a dependency from 

the distance, which is stronger for the straight sound plates than for the bended sound plates. 

Between the transducer’s positioning angles and the delay no correlation has been found. At the 

present state of the investigations it is postulated that the delay is the consequence of the build-

time of the oscillators and the sound plates. This postulation is consistent with the observation 

that the delay is a function of the distance since the power density is decreasing with the distance. 

For the bended sound plates the power density decrease is less accentuated so the delay does not 

increase that much like using straight sound plates. 

The transducers have been tested in all relative positions to each other that are foreseen for the 

experiments in PANDA and in all the varied set-ups performed properly. 
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Figure 6: time of flight plotted against the 

distance and compared with the expected values. 
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Figure 7: time of flight plotted against the 

helium fraction and compared with the expected 

values. 

 

With the third preliminary test the accordance of the theoretical time of flight TOFtheor as a 

function of helium concentration with the measured time of flight TOFmeasured was investigated. 

The experiment was carried out in the commissioning chamber “Pandalino” at ETH (see Figure 

8). This chamber has an octagonal ground plane with a diameter of 2.96 m, a height of 2.35 m 

and a volume of 14.6 m
3
. It is equipped with a helium supply, a ventilator and an oxygen probe. 

Pandalino is designed for zero overpressure and temperatures up to 80°C. The ventilator 

guarantees an equal distribution of the helium inside Pandalino so that the measurement of the 

oxygen sensor is representative for the whole volume. Out of the oxygen fraction froxygen one can 

calculate the helium fraction frhelium under the assumption that only helium replaces the air 

1
0.21

oxygen

helium

fr
fr = − . (10) 

 

 

Figure 8: Pandalino with helium supply and fan. 
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For the experiment that has been carried out at a temperature of 23°C Pandalino was filled 

stepwise with helium while the transducers mounted with bended sound plates have been placed 

inside at a distance of 0.86 m. The measured time of flight TOFmeasured was compared with the 

theoretical time of flight TOFtheor which was computed with the help of equation 1-3 and 10. The 

comparison shows a high accordance (see Figure 7) between the theoretical and measured time of 

flight with respect to the delay. The already described delay is plotted in Figure 10 versus the 

helium fraction. 

In Figure 9 we see a variation of the build time in the range from 0.15 ms to 0.35 ms due to set-up 

changes under constant conditions and in Figure 10 due to condition changes at a given set-up, 

respectively. The variations are within each measuring point very small. 

The variations of the delay shown in Figure 10 occurring at a constant set-up are caused by the 

fact that the heterogeneous energy distribution field of the transmitter is opened up due to the 

sound speed dependant irradiating angle of sound caused by bending waves (equation 5). This 

opening causes the receiver to be placed in areas with different energy densities expressed by a 

variation in the delay. 

 

4 DISCUSSION OF UNCERTAINTIES 

The total differential of equation 7 divided by equation 7 itself 

measured measured

measured measured

c TOFs

c s TOF

∆ ∆∆= +  (11) 

shows us the contributions to the uncertainty of the measured speed of sound where ∆s denotes 

the uncertainty of the distance between transmitter and receiver caused for example by 

uncertainties in the positioning or shifts due to thermal expansion of the vessel and fixing 

gadgets. ∆TOFmeasured denotes the uncertainty of the time of flight measurement. It consists of the 

scatter during one set-up at constant conditions and of the scattering caused by the displacement 

of the energy distribution field as uncertainty while in contrary the set-up dependant scattering 

illustrated in Figure 9 is to be compensated for by a calibration under given conditions. 
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Figure 9: Delay of signal receipt vs. the distance. 

“Vert” denotes that the sound plate was 

vertically oriented - “hori” denotes that the 

sound plate was horizontally orientated. The 

transmitter is mentioned first. The error bars 

quantify the scatter during a set of 100 measured 

times of flight. 
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Figure 10: Delay vs. helium fraction. The error 

bars for the delay quantify the scatter during a 

set of 100 events within a helium fraction. The 

error bars for the helium fraction denote the 

uncertainty of the helium fraction. 
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Table 1: uncertainties 

Table 1 summarizes the values of the absolute uncertainties 

evaluated at a distance of 0.86 m. 

The resolution of the time of flight measurement is limited by 

the sampling frequency of the data acquisition system that is 

78 kHz.  

Consider a binary mixture of air and helium where the helium 

fraction doesn’t exceed 40% and the pair of transducers is at 

least at a distance of 1.2 m from each other (PANDA 

conditions). Then the sampling time of approximately 13 µs 

results in a resolution of helium fraction steps between 1.5% 

and 2%. In this described case the uncertainty in the speed of 

sound leads to an uncertainty of about 6% helium fraction. To 

compensate for the low accuracy the data can be adjusted by 

data from the mass spectrometer installed at Panda, too. 

 

 

 

5 PLANNED TESTS IN PANDA FACILITY 

5.1 Experiment Description and Sensor Positions 

Before the experiment starts the facility is pre-conditioned to have a steam and helium rich layer 

in the upper part of vessel 1 (DW1, upper left vessel in Figure 1). The remaining volume of 

vessel 1, the interconnecting pipe and vessel 2 are filled with steam only. 

During the experiment superheated steam or air will be released into the upper vessel volume 

through a vertical injection line that has its exit in the upper part of the vessel. The injected fluid 

(steam) will due to its negative buoyancy penetrate after a certain time the helium rich layer and 

expand this layer downwards by weakening it, too, depending from the injections parameters. The 

tests will be performed at constant pressure, i.e. during the injection in vessel 1 a fluid mixture 

(helium-steam) is vented out from the upper part of vessel 2 (see Figure 1). 

The 30 transducers will be placed in three different groups called “columns”, “rings” and “IP” 

like shown in Figure 11. 

Fourteen of the transducers are scheduled to be placed in two vertical columns with each seven 

transducers arranged in pairs at the same levels. The levels are below the helium steam rich layer. 

The plane spanned by the columns will be located at the side remote from the interconnecting 

pipe to avoid disturbances from the interconnecting pipe entrance. 

Another twelve transducers will be mounted on two concentric rings above the opening of the 

steam/air injection pipe. On each ring six transducers are equally distributed. 

The remaining four transducers will be placed shortly behind the entrance of the interconnecting 

pipe. 

 

∆s 12 mm 

∆TOFmeasured 

(scatter within a 

set-up under 

constant 

conditions) 

31 µs 

∆TOFmeasured 

(scatter due to 

distribution shift) 

50 µs 

Total relative 

uncertainty c
c

∆  

< ± 6% 
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Figure 11: Sensor positions inside PANDA. 

5.2 Objectives Addressed with the Arrangement Described above 

With the transducers on the columns it is possible to capture the horizontal oscillations of the 

formation of the helium stratification with higher frequencies. Furthermore the speed of the 

downwards movement of the stratification layer can be evaluated. 

With the transducers mounted on the rings it is possible to detect the moment when the vertical 

low momentum jet penetrates the helium rich layer in the upper part of the vessel. Additionally 

the bending angle of the jet can be detected. 

The four transducers at the entrance of the interconnecting pipe give a measure about which gas 

composition is leaving vessel 1 and if there is a stratification in the flow through the IP. 

Though the measuring resolution and the accuracy of the introduced measurement system are 

limited it will contribute considerably to the validation of the CFD models due to the better time 

resolution and the ability to capture the moments of flow pattern changes. 

6 SUMMARY  

 

The paper presented the status of development for the implementation of new sensors for gas 

concentration measurements in large volume vessels like those of PANDA facility. The sensor 

principle is based on the dependence of speed of sound from the gas compositions. The tests 

performed so far identified the sensor response as a function of different parameters named the 

fluid conditions and geometrical parameters. From instance it has been found out that in presence 

of a fluid atmosphere characterized by a large amount of steam condensation, the deposition of 

water drops on the sensor can inhibit temporarily its functioning. The variation of geometrical 

parameters such as the relative angle between the sensors seems to have a minor effect on the 

delay with respect to the variation of sensor distance.  
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Other qualification tests are undergoing in the Pandalino facility aiming to quantify the accuracy 

of the sensors in measuring the gas concentrations. The main advantage by using these sensors 

with respect to the mass spectrometer is the higher frequency of the data acquisition. For specific 

experiments characterized by fast transients the timing for breaking up an initially helium rich 

stratified layer is one of the main parameters that can be used for a 3D code validation. In this 

prospective, the new sensor for gas concentration measurements would contribute to the 

generation of an experimental database for validating codes with 3D capability against 

phenomena relevant to LWR containment safety.  
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ABSTRACT 
 

The recently concluded OECD SETH project included experiments on basic flows and gas transport 

and mixing driven by jets and plumes in the multi-compartment geometry (two large, connected 

vessels) of the PANDA facility, which have been simulated with the advanced containment code 

GOTHIC. The two experiments considered here featured injection of saturated steam in one vessel and 

venting from the second vessel, both being initially filled with pure air.  In these two tests steam was 

injected at different positions. In both tests, condensation produced a liquid film on the walls in the 

region above the injection. For these tests the analyses with GOTHIC provided strong indications that 

the key phenomenon for the simulation was the re-vaporization of the condensate film, and more 

precisely the amount of run-down liquid which flows into the lower part of the vessel, its velocity and 

its re-vaporization in that region. The unexpectedly large role played by the liquid film suggested a 

review of the modeling issues associated with the simulation of run-down condensate. It was 

concluded that important gaps exist in the knowledge of several fundamental processes, which should 

be considered in future theoretical and experimental work related to containment thermal-hydraulics. 

 

1 INTRODUCTION 

During a postulated Loss of Coolant Accident (LOCA), a mixture of liquid and steam (later only 

steam) is released into the containment. The steam is typically strongly buoyant and rises to the upper 

part of the containment, flowing through the apertures between compartments. Due to the thermal 

interaction between steam and initially cold structures substantial condensation occurs, with the 

formation of liquid films. In a fully open geometry, films would only form in the dome and along the 

external walls of the containment. Depending on the break location and the geometry of the 

coantainment, however, films could also form along the walls of various compartments. In a dry 

containment, depending on the rate of downwards propagation of the steam-rich region in the steam-

air ambient, the liquid film could flow into regions where local steam concentration is still low and its 

partial pressure is below the saturation value. Under these circumstances, the liquid would re-

evaporate. If the liquid flows into a compartment where the walls are hotter that the liquid film, this 

would result into an enhanced evaporation rate. Due to the cooling effect of re-evaporating liquid, 

interest also exist for the mitigating effect of this phenomenon in the evaluation of the operability of 

safety-class electric equipment in a superheated ambient. In this respect, for conservative calculations 

the re-vaporisation rate must be limited (NUREG-0588, 1980). To simulate these effects (and also the 

films formed due to the injection of spray water), most containment codes include models of varying 

sophistication to simulate the transport of condensed water within the containment building, and the 

effect of its re-evaporation in regions of lower steam concentration. Some codes include models to 
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track the liquid films that form on the structures at various locations and flow to lower elevations in 

the containment. In general, in the evaluation of accident scenarios as well as of integral tests, which 

include a number of interacting processes, the specific effect on the transients of the liquid films 

cannot be separated from the effect of other, usually considered prevailing, phenomena. The adequate 

treatment of the transport of liquid films and the associated heat/mass transfer is therefore seldom in 

the focus of the analysis, and no specific assessment of the model used and its effect on the transient is 

made. However, for two tests in the OECD SETH series in the PANDA facility (Dreier et al., 1996; 

Auban et al., 2005) discussed here, the analyses below provided strong indications that the re-

vaporization of the liquid film had an unexpectedly large effect on the transients.  

 

The recently concluded OECD SETH project (de Cachard et al., 2007) was the framework for 

experiments on basic flows and gas transport and mixing driven by jets and plumes in a multi-

compartment geometry (two large, connected vessels), and the test matrix included a few experiments 

with condensation.  These experiments have been analyzed with the advanced containment code 

GOTHIC (2006), and the summary of the main results have been presented elsewhere (Andreani et al., 

2008). In this paper, the specific role of the liquid film in two of these tests and the modeling 

challenges resulting from the analysis with GOTHIC are discussed in detail. The scope of the present 

paper is not to discuss the specific modelling features of GOTHIC, but rather to emphasize the role 

played by a flowing condensate liquid film on the gas distribution in a compartmented geometry and 

the modeling challenges that follow from this observation. 

1.1 The OECD SETH Project 

The SETH project (Yadigaroglu et al., 2003; de Cachard et al., 2007) was performed under the 

auspices of the OECD with the participation of 15 countries. The component of the project related to 

safety issues in the containment of a nuclear reactor consisted of twenty-four tests performed in the 

large-scale facility PANDA. In these tests basic flows and gas transport and mixing driven by jets and 

plumes in a multi-compartment geometry have been investigated. The tests have been designed to 

provide an adequate database for basic assessment of CFD and advanced LP codes. Most of the tests 

do not include condensation to allow investigation of transport processes without the complication of 

phase change. However, four tests (identified in the SETH project as Tests 4bis
1
, 9bis, 21bis and 25), 

were performed with initial and boundary conditions that resulted in substantial condensation rates. 

The tests where the influential role of the liquid film was recognized were Tests 9bis and 21bis. 

1.2 The PANDA Facility and Configurations for the Two Tests 

PANDA is a large-scale thermal-hydraulics test facility designed and used for investigating 

containment system behaviour and related phenomena for different ALWR designs and for large-scale 

separate effect tests. The containment compartments and the Reactor Pressure Vessel (RPV) are 

simulated in PANDA by six cylindrical pressure vessels (Fig. 1). The height of the facility is 25 m, the 

total volume of the vessels is about 460 m
3
 and the maximum operating conditions are 10 bar and 200

 

o
C. The RPV is electrically heated with a maximum power of 1.5 MW.  For the SETH tests, only parts 

of the facility were used. The experiments considered in this work were carried out in a large (about 

180 m
3
 total volume) multi-compartment volume consisting of the two identical vessels (referred to as 

Vessel 1 and Vessel 2 in the SETH project), 8 m in height and 4 m in diameter, connected by a large 

Interconnecting Pipe (IP), 1 m in diameter. Fluid was injected in Vessel 1, and the gas distribution and 

the propagation of the stratification in both vessels were measured. The PANDA instrumentation 

includes more than 1000 sensors allowing measurements of fluid and wall temperatures, absolute and 

differential pressures, flow rates, heater power, gas concentrations and flow velocities. The 

measurement sensors are implemented in all the facility compartments, in the system lines and in the 

auxiliary systems.  The number of sampling lines used for gas concentration measurements in each test 

was 38. A thermocouple is placed close (within a few millimeters) to each gas sampling port so that 

gas concentration and temperature measurements are available at the same spatial location. The 

geometrical configurations for the two tests discussed here are also shown in Figure 1. In Test 9bis, 

                                                      
1 The three tests for which similar tests without condensation (starting from different thermodynamic conditions) have also been executed are 

identified with the “bis” suffix. 



XCFD4NRS, Grenoble, France, 10-12 September 2008 

 

 3/15 

saturated steam was injected at low velocity from a nozzle penetrating the vessel wall at about 1.8 m 

above the bottom of the vessel (Fig. 3). The low-momentum injection resulted in a plume confined on 

one side by the wall (“near-wall” plume). Due to the large dilution of the steam before approaching the 

wall, condensation started late in the transient. More information on the experimental results can be 

found in Paladino et al. (2006). In Test 21bis, saturated steam was injected from a vertical pipe aligned 

with the axis of the vessel, with the exit section at 6 m above the bottom of the vessel (Fig. 4). The 

low-momentum injection resulted in a vertical plume nearly unconfined in the transverse direction 

(“free” plume).  
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Figure 1. The PANDA facility (left) and the configurations of the upper vessels (Vessel 1 and Vessel 

2) for Tests 9bis and 21bis (right). 
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Due to the short distance between injection and the vessel dome, condensation started early in the 

transient. More information on the experimental results can be found in Zboray et al. (2006). The 

pressure was maintained constant during the tests, pressure control being obtained by venting to the 

atmosphere from a nozzle in the dome of Vessel 2. The fluid and walls were in thermal equilibrium at 

the beginning of the tests, at a few tens degrees below saturation temperature. The duration of both 

tests was 2 hours, and the injection flow rate (practically constant) was the same in the two tests. 

 

In these two tests, the effect of re-vaporisation resulted to be especially strong due to both initial 

conditions (wall temperature) and geometry (interconnected vessels). In fact, due to the large 

temperature differences between the injected saturated steam and the walls, large condensation rates 

occurred in the upper part of the fluid-receiving vessel. This produced a liquid film which moved 

downwards faster than the expansion rate of the steam-rich region, as most steam was consumed by 

condensation. The liquid thus reached the lower region when undersaturated conditions still prevailed, 

and re-evaporated. An additional contribution to the delay in the propagation of the steam in the fluid-

receiving vessel was the transfer of gas (but not of liquid) into the second vessel. Finally, the high 

initial temperature of the wall (nearly the same over the entire height of the vessels) initially increased 

the evaporation rate of the condensate film as this was at rather low-temperature when first descended 

in the lower region, because it had been formed in the upper region when the steam content was still 

small and consequently the saturation temperature was still low. 

 

The conditions that were realized in these two experiments, although they tend to overemphasize the 

role played by the condensate film, are representative of the complex physics that can occur in a 

compartmented containment and are therefore relevant for safety issues related to the distribution of 

steam and its effect on the transport of other gases and aerosol components produced during various 

accident scenarios.       

 

2 THE GOTHIC CODE 

 

GOTHIC is a general-purpose, thermal-hydraulics computer program for design, licensing, safety and 

operating analysis of Nuclear Power Plant (NPP) containments and other confinement buildings. The 

thermal-hydraulics module is based on a two-phase, multi-fluid formulation, and solves separate 

conservation equations for mass, momentum and energy for three fields: a multi-component gas 

mixture (including steam), a continuous liquid, and droplets. In addition, mass balances are solved for 

each component of the gas mixture.  

 

The phase balance equations are coupled by mechanistic models for interfacial mass, energy and 

momentum transfer. GOTHIC includes a full treatment of the momentum transport terms in multi-

dimensional models, with optional models for turbulent shear, and for turbulent mass and energy 

diffusion. The options for turbulence are the mixing-length model and several variants of the k-ε 

model. The hydraulic model of GOTHIC is based on a network of computational volumes (one, two or 

three-dimensional) connected by flow paths.
2
 In contrast to standard CFD packages, GOTHIC does 

not have a body-fitted coordinates capability, and the code uses boundary-layer correlations for heat, 

mass and momentum exchanges between the fluid and the structures, rather than attempting to model 

the boundary layers specifically.  The subdivision of a volume into a multi-dimensional grid is based 

on orthogonal co-ordinates with cell and flow area porosities: the actual geometry of volumes with 

curved surfaces (e.g., a cylindrical vessel) can be represented, however, by full or partial blocking of 

cells to define the porosity factors. Energy exchange between fluid and solid structures (referred to as 

thermal conductors) is accomplished using a general model for heat transfer between structures and 

steam/gas mixtures, or between structures and liquid. Several heat transfer modes are represented, 

including forced and free convection, boiling and condensation, and radiation. The numerical solution 

of the transport equations is based on a semi-implicit method. The method is first-order in time. For 

                                                      
2 For connecting subdivided volumes the pre-processor permits the grouping of multiple flow paths in ‘3-D connectors’. This feature 

has been used only for the latest modifications of the original PANDA model.   
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the space-discretisation of the advection term both a first-order upwind and a bounded second-order 

method are available. The 3-D capabilities of GOTHIC, to simulate basic flows of interest for 

containment analysis, have been extensively investigated (e.g. Andreani et al., 2003), and many of the 

applications to containment analysis include 3-D models. The version of the code used in the present 

analysis is GOTHIC 7.2a(QA). 

3 NODALISATIONS AND MODELS USED FOR THE SIMULATIONS 

Figure 2 shows the GOTHIC model used for Test 21bis, the model for Test 9bis being practically the 

same, with the only difference that the injection line (flow path 5) is horizontal and ends at short 

distance form the vessel wall. The RPV (steam source) is represented by a boundary condition (1F) 

with prescribed flow rate and temperature for the injected steam. The vent is represented by a flow 

connection (flow path 56) to a prescribed pressure boundary condition. The model includes a 3-D 

representation for Vessels 1 and 2 (5s and 7s, respectively) and the IP (6s). The two vessels are 

connected to the IP by multiple flow paths. The small volume (8s) on the top of the Vessel 1 represents 

the large man-hole and is connected to the vessel by a 3-D connector. This was included for the 

simulation of Test 21bis only, as in this test the jet was directed towards the dome of the vessel.  The 

mesh that has been used for the reference calculations, referred to as “standard mesh”, is shown in the 

left part of Fig. 3 (where the IP is somewhat enlarged for readability), and some details of the 

subdivision are presented in Table 1. In this model the actual geometry of the vessel (a cylinder, with 

lower and upper header having ellipsoidal shape) has been replaced by parallelepiped boxes. It can be 

observed that the subdivision of Vessel 1 is somewhat finer than that for Vessel 2 as it was expected 

that the most important phenomena would be driven by the injected flow in Vessel 1 and an adequate 

resolution would be required for capturing some details of flow and heat transfer close to the injection. 

Details such as the flow obstruction caused by the injection pipe (different for the various tests) and 

the protrusion of the IP into the Vessels 1 and 2 have been represented. The nodalization used for both 

Vessels is still rather coarse (using about 23’700 cells) and not representative of the detail that would 

be required for a full CFD analysis. The most obvious consequence of the simplification to represent 

the vessels as boxes (implying an alteration of the volume distribution with elevation) is that the filling 

time of the upper dome in Test 21bis could not be represented accurately. The simulations for this test 

were therefore run also with a different geometrical representation, closer to the actual one, which is 

shown in Fig. 8. It can be observed that the vessels consist of a cylindrical section, and two 

hemispherical (lower and upper) headers. The man-hole is represented for both vessels. The IP is also 
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Figure 2.  General model used for the simulations. 
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Figure 3. Nodalisation of upper vessels and IP used for the simulations of both tests (left) and refined 

nodalisation for Test 21bis (right). 

 

represented more faithfully with a straight pipe, of cylindrical section (not shown). A more complete 

discussion of the features of this improved mesh is given in Andreani et al. (2008). 

 

The metal walls of the PANDA vessels have been fully represented, to take into account the heat 

capacity of the structures. The insulation of the vessels has not been included in the model because of 

the small heat capacity, and the small heat losses to the environment have been implemented in the 

model by prescribing the average heat flux as a function of the wall inside temperature. The standard 

(high-Reynolds) k-ε turbulence model was used for Vessels 1 and 2 and the IP.  Previous simulation 

for large-scale vessels (Andreani, 2003) showed that this model provides more accurate results in 

relation to mixing processes than other variants (e.g. RNG).  Also calculations of earlier PANDA tests 

were successful using this model and a coarse mesh.  

 

An important aspect of the coarse mesh used for the analyses is that it cannot resolve the condensate 

liquid film flowing down the walls. Under these conditions, the liquid would migrate towards the 

interior cells far from the structures. To prevent unphysical diffusion of liquid, GOTHIC includes in 

the transverse momentum equation an “adhesion force”, which keeps the liquid on the walls. The wall 

shear is calculated using a correlation for wall friction, rather than the more typical CFD approach of  

integration of the momentum equations to the wall and the use of a wall function. How well this 

approach can represent the flow of a thin liquid film on a vertical wall is discussed in Section 5. For 

heat transfer between fluid and structures, there are basically two main options in GOTHIC for 

simulating condensation processes: the DIRECT option and the FILM option.
3
 Therefore, sensitivity 

studies have been performed using these two options, which are briefly illustrated below.  

  

 

Table 1. Meshes used for the simulations in the X;Y;Z directions. 

 

 

Mesh 

 

Geometry 

 

Vessel 1 

 

IP 

 

Vessel 2 

 

Tests 

 

“Standard” boxes 25;17;41 12;5;5 10;15;40 9, 21 

“RG” 

(Real Geometry) 

Cylinders 

+hemispherical 

domes 

 

21;19;43 

 

15;5;10 

 

13;15;48 

 

21 

 

                                                      
3
 The Tagami model can also be selected, but this model, fully empirical, is based on a blowdown to a single lumped parameter volume, and 

is thus of no use for 3-D analysis. 

Vessel 1                    IP                       Vessel 2                   Vessel 1                    IP                       Vessel 2                   
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DIRECT option: condensation occurs at the wall (dry-wall model), and is calculated by a correlation 

(Uchida or Gido-Koestel) or by an advanced diffusion layer model (DLM-FM), which was developed 

for GOTHIC. The diffusion layer model (which is the recommended choice as a result of the extensive 

validation of the model) calculates the condensation rate and sensible heat transfer rate using 

heat/mass transfer analogies. It includes options for the formation of mist in the boundary layer and 

heat and mass transfer enhancement due to roughness of the condensate film. The model is applicable 

to the full range of steam gas mixtures in forced and free convection. An important limitation of this 

model is that it considers heat transfer between wall and liquid only if thermodynamic conditions 

permit condensation. If the wall is hotter than the liquid, no heat transfer between wall and condensate 

occurs. The direct option was used for all the basic calculations in this work. 

 

FILM option: this option attempts a more mechanistic treatment of heat/mass transfers, considering 

the film of liquid (wet-wall model). The wall is split into wet and dry portions based on the available 

water for film coverage. Convection to the vapor is calculated to the vapor phase for the dry portion 

and to the liquid for the wet portion. Also, if the wall is cold enough, condensation on the dry portion 

is calculated using Uchida or Gido-Koestel or if it is hot enough boiling is calculated for the liquid 

portion. Otherwise all phase change occurs at the liquid/vapor interface using the convective heat 

transfer coefficients on either side of the interface and the analogous mass transfer coefficient on the 

vapor side. 

 

It will be seen that the most obvious result of the differences between the two models is the amount of 

re-vaporisation of a liquid film draining along hot structures.  

4 RESULTS 

In this work, only the results related to the role of the re-evaporating condensate film will be 

presented, since the discussion of the general results have already given by Andreani et al. (2008). For 

the sake of clarity of presentation, the overall results for the two tests are also briefly summarized.  

4.1 Test 9bis 

The steam injected accumulated first in the upper part of the vessel and then propagated downwards, 

producing a slowly moving stratification front. When the front reached the level of the IP, part of the 

steam was transported into Vessel2, with the remaining steam flowing into the lower part of Vessel 1. 

At about 2’900 s the steam concentration in the upper part of Vessel 1 reached saturation conditions 

and condensation started. In Vessel 2 this happened somewhat later (around 3’800 s). The gas 

distribution in Vessel 1 resulting from these flow and condensation processes was generally well 

predicted by the code. The vertical steam distributions in the IP and Vessel 2 are also in reasonably 

good agreement with data. The predicted results in both vessels are in very good agreement with data 

at all elevations before condensation occurs, whereas the stratification front below the injection is too 

sharp after condensation starts. It is believed that the smaller concentration gradient across the 

downward propagating stratification front observed in the test is due to the redistribution effect caused 

by the re-evaporation of the liquid flowing below the front from the upper part of the vessel, which 

cannot be predicted accurately by the code, as discussed below.   

 

The experimental evidence that liquid condensed in the upper part of the vessel re-evaporated in the 

lower part is provided by the fluid temperature time histories at the various elevations. Fig. 4 shows 

the measured gas temperatures at three elevations along the axis of Vessel 1. It can be observed that 

above the injection the gas remained at nearly the same temperature for a long time, and increased 

after 2’900 s, starting from the higher elevations. Around this time, the steam partial pressure close to 

the structures exceeds the saturation pressure at wall temperature, and condensation occurs, starting 

from the higher elevations. The wall condensation rate is less than the steam injection rate and the 

steam concentration in the bulk fluid continues to increase. The local steam partial pressure in the 

centre of the vessel reaches the saturation value (Paladino et al., 2006) at the local temperature, and the 

gas temperature increases along the saturation line from then on due to condensation (fog or mist  
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Figure 4. Measured and calculated gas temperatures at three elevations along axis of Vessel 1. 

 

formation) in the bulk fluid.  Below the injection, however, the accumulation of steam transported 

from above is much slower, and the steam partial pressure remains below saturation much longer. 

Under these conditions, liquid falling from above re-evaporates and the saturated steam produced, 

which is colder than the ambient fluid (because the partial pressure is still low), causes the fast 

temperature drop in the lower header observed in Fig. 4. Eventually, saturated conditions are reached 

also in the lower header and the fluid temperature increases also there. Figure 4 shows that the 

simulation with GOTHIC captures very well the temperature trend above the injection, but grossly 

underpredicts the time of the temperature drop in the lower header. This disagreement can be 

explained by considering the calculated liquid distribution and the interfacial mass transfer rate in the 

node closest to the wall at different elevations. Figure 5 shows the liquid volume fraction contours at 

two different times shortly after the onset of condensation in Vessel 1. It can be observed that the wall 

liquid film has propagated to the elevation of the lower header within less than 200 s. At this time the 

interfacial mass transfer (plot in the centre of the figure) in the lower header is positive, indicating 

evaporation, while is condensation above there injection. This combined information suggests that the 

measured gas temperature drop is indeed caused by the re-evaporation of the condensate liquid film 

and that the inability of the code to predict the temperature trend below the injection is due to the 

overprediction of the run-down velocity of the liquid film. Attempts to improve predictions by refining 

the mesh did not produce any significant improvement. On the other hand, the use of the FILM heat 
 

 
 

Figure 5. Calculated liquid volume fraction distribution at two different times (left and right), and 

interfacial mass transfer rate in the node closest to the wall (centre). 
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transfer model option produced a smaller temperature decrease without, however, any change in the 

timing of this drop. In principle, the sudden gas cooling at low elevations might have been caused by 

evaporation of droplets formed from the fog in the upper part of the vessel. However, the amount of 

the droplet phase created in the simulation was very small and parametric studies on the input 

parameters that control the drop formation from fog showed no effect. It was therefore attempted to 

artificially delay the downward motion of the liquid film, just to obtain confirmation that the excessive 

liquid film falling speed could be the reason for the poor temperature predictions below the injection. 

Figure 6 shows the results of various calculations, including the effect of a vertical blockage along the 

wall, simulating a tray (curb) that collects all the descending liquid, and of increased wall friction. It is 

observed that either collecting the liquid or imposing very high wall friction results in improved 

agreement with the measured temperature, giving evidence that the re-evaporation of the liquid film is 

the probable physical mechanism controlling the gas temperature drop below the injection. 

 

4.2 Test 21bis 

The main phenomena in Test 21bis are basically the same as in Test 9bis, with the only notable 

exception that the largest condensation rates are in the dome of Vessel 1 and the steam concentration in 

Vessel 2 remained below levels that would permit condensation. Details of the experiment can be 

found in Zboray et al. (2007). The test was simulated using both geometrical representations presented 

in Section 3. Since the results of the simulations were quite close to each other in relation to the main 

aspects of the transient, only the results with the realistic model (“RG mesh”) will be discussed here.  

As discussed in the companion paper (Andreani et al., 2008), simulations using the DIRECT heat 

transfer mode showed major discrepancies with the measurements, while the FILM option resulted in 

better predictions of the steam distribution. In particular, the stratification in Vessel 2 is completely 

different for the two heat transfer options, with the DIRECT option resulting in an axial profile 

reverted with respect to the measured one. Figure 7a shows the steam fraction distribution and the the 

velocity vectors at 2’000 s in the (folded) vertical plane containing the axes of the vessels and of the IP 

for the case with DIRECT heat transfer. Figure 7b shows the corresponding results obtained using the 

FILM option. In the former case steam is flowing from Vessel 1 into the lower part of the IP, creating a 

cascade of a gas mixture containing some steam into the lower part of Vessel 2. When the FILM  

 

 

Figure 6. Parametric studies showing the effect of artificially delaying the downwards motion of the 

liquid film.  
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Figure 7. Steam molar fraction and velocity fields at 2’000 s calculated by GOTHIC using: a) DIRECT 

wall heat transfer option; b) FILM heat transfer option. 

 

option is used, a mixture containing steam flows into the IP from the upper part of Vessel 1, and from 

there rises in the upper part of Vessel 2. In general, the difference in the results is considerable and to a 

certain extent unexpected.  In this work, only these differences will be highlighted and modeling 

difficulties will be discussed, as the comparison with the main experimental results was already 

reported. In the companion paper (Andreani et al., 2008) it was argued that the reason for this large 

differences was the different re-vaporisation rate of the condensate liquid film using the two options.  

Figures 8a . 8b show the rates of vaporization and condensation (as well as the net mass transfer rate) 

in the region between the top of the IP and the elevation of the injection (Region I in Fig. 7), and in the 

region below the top of the IP (Region II in Fig.7), respectively.  It can be observed that the 

vaporization rates calculated with the FILM model are much higher that those computed using the 

DIRECT option. Therefore, when the DIRECT heat transfer option is used, the liquid condensate 

flows downwards with little re-evaporation in the upper part of the vessel. When this liquid reaches the 

lower part of Vessel 1 where the steam concentraton is low due to stratification, it re-evaporates. The 

re-vaporisation results in the growth of a zone of colder air/steam mixture at the bottom of Vessel 1 

that eventually spills over into the lower part of Vessel 2. The use of the FILM option, instead, results 

in substantial re-vaporisation in the upper part of Vessel 1, and a faster downwards propagation of the 

steam-rich region. When the bottom of this expanding zone reaches the top of the IP, warmer fluid of 

high steam content flows into the upper part of the IP, and creates a plume in Vessel 2. 
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From the observation of the interfacial heat/mass transfer and steam concentration field, however, it is 

not obvious why the larger steam production in the lower part of the vessel did not lead to the same 

flow pattern that was realized using the DIRECT option. To understand the difference between the two 

simulations it is helpful to consider that the flow between the two vessels is controlled by (small) 

density differences, and the density depends on both steam concentration and temperature. The 

difference in the flow pattern in the two simulations is therefore better understood if one considers the 

fluid density.  Figure 9 shows a sequence of four snapshots of the density distribution for the two 

simulations. 

 

The calculation using the DIRECT option (left in the figure) shows that denser fluid mostly originated 

from the walls (although a part of it falls from the region above where re-evaporation of the liquid film 

starts) starts filling the lower part of Vessel 1 at around 700 s. The steam generated at the bottom of the 

vessel is at low temperature due to the low steam concentration and corresponding low saturation 

temperature. At 800 s the lower part of the vessel is completely filled with a gas/steam mixture that is 

denser than the fluid in Vessel 2, and the mixture flows from Vessel 1 into the lower part of Vessel 2. 

This pattern (which is also shown at 1’000 and 2’000 s) persists until late in the transient, when the 

expanding hotter fluid zone in the upper part propagates below the top of the IP. 

 

The simulation using the FILM option shows initially the same behaviour (snapshots at 700 and 800 

s), but soon (1’000 s) the expanding hotter fluid zone in the upper part of the vessel, due to the steam 

injection and the revaporization of the falling film, extends down below the top of the IP and buoyancy 

induced migration to Vessel 2. The steam generation from the revaporization of the falling film in the 

upper part of the vessel is at a high temperature due to the high steam concentration in this region and 

the corresponding high saturation temperature. Eventually (see snapshot at 2’000 s) the zone of  low 

density (red coloured, where density is lower than in Vessel 2) disappears, and the hot, steam-rich 

mixture flows into the upper part of Vessels 2    

 

From these results, it can be concluded that system behavior depends not only on the amount of re-

evaporation but also where it occurs as well as on the temperature of the generated steam. 

 

As the phenomena are quite complex and the interaction between the three fields (drops, gas, liquid) 

and of the fluid with the structures is the result of a number of models and empirical correlations, 

various parametric studies using the DIRECT option have been performed to confirm that the liquid 

film actually played an important role in the test. First, the bulk condensation (mist) model was 

deactivated; second, the drop field was removed entirely from the simulation. Both changes resulted in 

practically no difference. Also, a prescribed liquid re-evaporation fraction for the film did not lead to 

any improvement of the results. The attempt to delay the propagation of the film by imposing higher 

friction with the wall (as in Test 9bis) did not produce reasonable result, as also the expansion of the 

upper steam-rich mixture was strongly hindered. Finally, it was imposed that all the liquid present in 

the upper dome was converted to droplets to check if the evaporation from droplets could result in a 

different density distribution between the upper and lower part of Vessel 1. Different sizes of droplets 

were tested (1mm, 0.1 mm and 0.01 mm). Results similar to those obtained using the FILM option, 

and most probably realized in the experiment, could only be obtained when the prescribed size for the 

droplets was of 0.01 mm, and nearly complete vaporization occurred in the upper part of the vessel. 

On the one hand, this confirmed that the correct density distribution and flow pattern between the two 

vessels could only be obtained if sufficient re-vaporisation of the condensed water occurred in the 

upper part of the vessel. On the other hand, this parametric study suggests that the liquid flowing 

downwards in Vessel 1 must have been in the form of continuous liquid film, because an entrainment 

mechanism that produces so small droplets (10 µ) is rather unlikely to occur under the conditions of 

the test, where the pressure and velocities are low. Although some uncertainty remains on the role 

played by other liquid transport mechanisms (entrainment/de-entrainment), the parametric studies 

above confirmed that the run-down condensate liquid is most likely to have played a key role in Test 

21bis.          
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Figure 9. Snapshots of the density distribution at four different times; left: results obtained with the DIRECT 

option; right: results obtained with the FILM option. 

 

5 DISCUSSION 

 

The problems identified in the analysis of the two tests discussed above are related to two (connected) 

modelling issues, namely the hydraulics of a thin film and its heat transfer with the wall. These effects 
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had different relative importance in the two tests. In Test 9bis, the speed of the falling liquid film 

controlled the gas temperature drop, whereas the heat transfer controlled the steam distribution and the 

density driven flows between the two vessels in Test 21bis. While it is very difficult to estimate the 

accuracy of the film heat transfer in the simulations, the velocity of the falling film in the experiments 

can be roughly estimated and compared with the code  predictions. In Test 9bis, condensation starts at 

around 2’900 s, close to the injection (where the steam concentration is higher), and the temperature 

drop at about one meter below occurs at about 4’000 s (Fig. 6). This suggests an experimental 

“average” velocity of the falling film of the order of 1 mm/s, which is one order of magnitude smaller 

than that calculated by the simulation without tuning the wall friction. It is therefore interesting to 

study if the basic modeling approach used by GOTHIC is inherently unable to predict falling film 

speed. A simplified adiabatic problem was then set-up for the film liquid flow along a vertical plane 

wall at standard atmosphere conditions with a prescribed mass flux close to that calculated for Test 

9bis. Under steady-state conditions, the analytical solution for the vertical velocity in laminar flow 

(Bird et al., 1960) is: 

 

3

2

3 µρ
Γ= g

Vz  

 

where Γ is the liquid mass flux and the other symbols have the usual meaning. For the conditions 

investigated (pressure=1 bar; T=298 K, Γ=0.0004 kg/m s, Re=15), the equation above gives a value of 

8 mm/s. The calculation with GOTHIC using the same size of the mesh used for the analysis of the 

tests in PANDA resulted in an average speed of the liquid (the instantaneous speed having step 

changes and most of the time below 10 mm/s) within 50% of the analytical value. This result suggests 

that the discrepancy with the experiment is not likely to be related to the coarse modeling of the 

condensate liquid film (unresolved), but is due to the lack of some basic modelling feature for the flow 

wetting a dry, heated surface. 

 

A preliminary survey of available work in this area revealed that not much is known, and the models 

used in other codes are based on uncertain physical background.  In this respect it is worth mentioning 

that the approach used in the CONTAIN code (NUREG, 1997) for the run-down liquid film includes 

the limitation that, if the liquid film is thinner than 0.5 mm, this does not move and remains hanging to 

the wall. There is no justification given for this limitation.  Research on falling films has produced a 

considerable amount of both theoretical and experimental information, especially in relation to 

adiabatic conditions. These investigations aimed mainly at obtaining statistical characteristics of 

falling films (thickness, velocity, wave velocity) as well as the threshold for transition from laminar to 

turbulent flow under various conditions. A recent example of these studies is given in Ambrosini et al. 

(2005), where the flow of a falling film at various temperatures and plate inclinations was 

investigated. In that study, partial wetting was not addressed and the results provided data on one-

dimensional, wavy films on a completely wet wall. The wetting rate of an initially dry surface by an 

evaporating film has been extensively studied for hot surfaces (temperatures above the Leidenfrost 

temperature) in connection to the cooling of fuel rods, little has been done for the conditions of interest 

in containment applications, i.e., small wall-to-fluid temperature differences. The spreading of the 

fluid on a vertical plane has been studied, e.g. in Gonzalez et al. (2004), where, however, the 

conditions studied were adiabatic. The flow of a liquid film down an initially dry vertical plate has 

also been studied in relation to the break-up and formation of rivulets and dry patches (El Genk and 

Saber, 2001 and 2002). There the main focus was to determine the minimum wetting rate (liquid flux) 

that permits a uniform advancement of the leading edge of the liquid film. Below this threshold, an 

evaporating liquid film breaks in stable liquid rivulets. This information is related to the problems 

discussed in this paper but additional study is needed to determine whether the conditions studied are 

relevant for the condensation rates expected in reactor containment applications. For Test 21bis, there 

is no evidence that the code predicted a too fast propagation of the film. On the contrary, the correct 

timing of the large wall temperature drop at an elevation half way between the IP and the injection 

(Andreani et al., 2008) seems to indicate that the falling speed of the film was reasonably well 

predicted, at least initially. The key issue for this test was then the modeling of heat transfer from the 
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wall, which in the framework of GOTHIC as well as in other containment codes is tackled by means 

of semi-empirical approaches. A completely mechanistic description of the process (such as  one that 

might be attempted by a CFD code) would necessitate, among other capabilities, the correct prediction 

of: 

• 2-D mapping of the thickness of the film 

• Interfacial mass/heat transfer 

• Convective heat transfer from the wall to liquid and gas  

• Formation of dry patches and hanging (steady) films 

• Wetting of dry areas 

In principle, a detailed multiphase CFD approach might be able to simulate the first three phenomena 

with a sufficiently fine grid. However, for the last two processes microscopic phenomena are expected 

to control the advancement of the triple interline (solid/liquid/gas) at the leading edge of the film, and 

adequate closure models are required.  To the best of the authors’ knowledge, experimental 

information and theoretical work on the evaporation of condensate film wetting a dry, heated vertical 

wall is not available. 

 

6 CONCLUDING REMARKS 

The analyses of two tests in PANDA with the GOTHIC code revealed an unexpectedly large role 

played by the distribution and re-evaporation of condensate liquid on the fluid temperature and steam 

concentration in horizontally connected vessels. Although the specific modelling features of GOTHIC 

may have an influence on the relative importance of this phenomenon in Test 21bis, the analyses and 

the parametric studies made, and the comparison with the experimental steam concentrations 

(Andreani et al., 2008) suggests that the magnitude of the interfacial mass transfer was in the right 

range. Therefore, the sensitivity of the results to the density differences resulting from the liquid film 

propagation and vaporization process can be considered, to a certain extent, independent of the code 

used. It can be concluded from these studies that the impact on the run-down of the liquid film and the 

associated heat/mass transfer could be of some importance in containment analyses, and adequate 

models should be implemented in containment and CFD codes. On the other hand, it seems that some 

fundamental knowledge on the basic thermal-hydraulic processes governing the run-down of a liquid 

film is missing, and additional future research is needed to address this issue.   
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Abstract 

The advanced validation of a CFD code for containment applications requires the investigation of 
water steam in the different flow types like jets or buoyant plumes. 

This paper addresses therefore the simulation of two “HYJET” experiments from the former Battelle 
Model Containment by CFX. These experiments involve jet releases into the multi-compartment ge-
ometry of the test facility accompanied by condensation of steam at walls and in the bulk gas. In both 
experiments mixtures of helium and steam are injected. Helium is used to simulate hydrogen. One 
experiment represents a fast jet whereas in the second test a slow helium-steam release is investigated. 
CFX was earlier extended by bulk and wall condensation models and is able to model all relevant 
phenomena observed during the experiments. The paper focuses on the simulation of the two experi-
ments employing an identical model set-up. This provides information on how well a wider range of 
flowing conditions in case of a full containment simulation can be covered. Some aspects related to 
numerical and modelling uncertainties of CFD calculations are included in the paper by investigating 
different turbulence models together with the modelling errors of the differencing schemes applied.  

1 INTRODUCTION 

During a severe accident the combined release of hydrogen and steam into the containment of a nu-
clear power plant is likely. Whereas close to the release location a critical or sub-critical jet develops, 
in the far-field often nearly stagnant flow conditions can be found. This combination of flow condi-
tions is crucial for a realistic simulation of an accident scenario. The steam fraction of a multi-
component jet is affected by the lower temperature of the surrounding atmosphere and the cold solid 
structures in the containment. This leads to condensation in the bulk flow and on walls. All these as-
pects were investigated in a series of experiments at the Battelle Model Containment (BM-C) called 
HYJET (Kanzleiter, 1996). Two selected tests of HYJET are simulated in this work. Earlier, a pure 
helium-in-air experiment from this family of tests was already simulated (Heitsch, 2000 and Wilken-
ing, 2008). One of the current experiments represents a slow vertical helium-steam jet with a nominal 
release speed of about 4.9 m/s. The second test addresses a much higher jet speed of approximately 
730 m/s. As a result of the simulation of both experiments more confidence in the selection of the right 
turbulence model for containment mixing analyses (Heitsch, 2007) and additional information about 
the applied condensation model are expected. 

1.1 Test Facility 
The Battelle Model Containment was a complex large-scale test facility (dismantled in 1999) which 
was used in many test series investigating containment specific phenomena. It is built from concrete 
and consists of many interconnected compartments. The walls have steel liners. The total inner volume 
sums up to about 600 m3. The total height of the facility is about 9 m. The height of the individual 
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compartments inside the BM-C is in the order of 2 m. Some of the compartments are curved others are 
cylindrical. A vertical cut through the facility is depicted in Fig.  1. This figure shows several main 
compartments together with some flow connections which are relevant for the experiments under con-
sideration. Another impression of the spatial shape and the curvature of many compartments can be 
seen in the computer model of the facility in Fig.  5. 

Due to earlier experiments which included hydrogen deflagrations and tests at increased pressure a 
small leakage rate from the BM-C exists. But this leakage is not relevant for the experiments investi-
gated here because they do not create high pressures and have a comparably short duration. 

 

2 

 

Gas release device

Expanding jet 

Fig.  1 Vertical cut through the Battelle Model Containment (B-MC), (Kanzleiter, 1996) 

In order to minimize the interaction of the helium jet with the surrounding walls of the compartments 
the gas release during the HYJET experiments was located such that the jet could pass vertically 
through a sequence of rooms and openings. A vertical cut through the given arrangement is shown in 
Fig.  2. The flow release device itself (left part of Fig.  2) consists of an internal mixing section with a 
perforated large pipe and a mixing sheet above. Several plates with different opening diameters form 
the upper end of the mixing chamber. By removing or placing these plates a wide range of jet release 
speeds can be achieved. All flows entering the model containment have to pass through the mixing 
chamber. The dotted red line in Fig.  2 denotes the lower boundary of the computational model within 
the gas release chamber. At this elevation an ideally mixed gas flow with a flat velocity profile is as-
sumed.  

The mixture of helium and steam is prepared outside of the mixing chamber. When flowing through 
the mixing device, the helium fraction of the mixture is warmed up to the steam temperature. Together 
with heat losses to the walls of the mixing device some uncertainty about the real steam mass fraction 
passing through the injection opening exists because all measurements were done at the individual 
mixing components prior to mixing. 

  



The measurement system of the BM-C consists mainly of thermocouples, helium sensors and flow 
meters. No steam concentration measurements are available. The about 70 thermocouples are of the 
type Ni-CrNi with a diameter of 1.5 mm and an uncertainty range of ±1.4 K. Helium concentrations 
are measured based on heat conduction differences with an accuracy of about ±0.5 Vol-%. Flow 
speeds are based on turbine flow meters in flow openings and can provide averaged measurements 
with an uncertainty of ±0.2 m/s. Transient helium volume fractions were recorded mainly inside the jet 
region as shown in Fig.  2 (all sensors starting with JKP) and at selected positions outside of it. Tem-
perature sensors were located in the jet region (sensors JTL) together with the helium probes but also 
outside of this region to monitor the gas and wall structure temperature development.  

    

              

Steam - 
Helium 

Fig.  2 Gas release chamber and distribution of probes along the jet axis 

Apart from the jet itself in many compartments of the test facility very low or almost stagnant flow 
conditions were found during the HYJET experiments. Flow measurement was therefore restricted to 
the flow openings between the compartments through which a directed one-dimensional flow can be 
expected. In this work, a selection of flow openings is used for comparison with the simulations. Fig.  
3 shows all flow paths which were opened up during the HYJET experiments together with the names 
of those openings selected for comparisons. An important opening is U69 which is very close to the 
gas release device. This opening would create an unsymmetrical air entrainment into the jet and a dis-
placement of the jet axis. Consequently, a reflecting plate was put in front of this opening to reduce the 
entrainment effect as much as possible. The plate can be seen in Fig.  3 and more closely in Fig.  5. 

Vertical flows as through U59B are aligned with one of the axes in the simulation model. In these 
cases the respective velocity component from the code simulation contains all the information needed 
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for comparison. A principal difficulty in performing comparisons for horizontal flows appeared. These 
openings, however, are not in parallel to one of the coordinate axes. For these flows the rooted mean 
square of the velocity components can be used as the total speed but the direction is lost. As long as 
there is no flow reversal during the experiment no problem occurs. A change in the flow direction 
however is not reflected in the results.  

 

Fig.  3 Available flow openings between compartments (named op
son with measurements) 

Both experiments under investigation were carried out by heating up the
before the helium injection was activated. In the heating-up phase steam
being used for the experiments was blown into the test facility. Short be
tion a thermal equilibrium in the gas space of the model containment cl
achieved. The concrete structures were also warmed up sufficiently to m
tures during the experiments. At the end of the heating phase there was 
room and wall temperatures but this could be taken into account in the s
More discussion is found in paragraph 2.2. During the injection of heli
tained, thus establishing a helium-steam mixture flowing into the satur
the test facility.  

1.2 Slow Jet Experiment (Jx4) 
This experiment with the internal name Jx4 investigated a slow buoyant
speed of about 4.9 m/s. The pipe outlet diameter chosen for this test wa
lium lasted approximately 490 s. A total of 1.05 kg helium was added d
The steam injection which was used before the test to pre-heat the facilit
phase. The volume fraction of helium at the inflow opening to the m
quently slightly above 73 %. 
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1.3 Fast Jet Experiment (Jx81) 
The high speed experiment Jx81 included an injection speed of about 730 m/s. This was achieved by 
increasing the incoming mass flow and using a pipe outlet diameter of 30 mm from the mixing cham-
ber. The flow rates of steam and helium are much higher compared with the previous experiment. The 
injection time was limited to 215 s. During this time about 8.1 kg helium were injected. The composi-
tion of the total flow was similar to test Jx4 but the helium volume fraction was slightly lower at 
around 61 %.  
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Fig.  4 Flow rates of steam and helium for test Jx4 (left) and Jx81 (right) 

Fig.  4 represents the flow histories of both experiments. The steam flow is not interrupted during the 
helium injection phase. In principle there were two contributions to the total steam flow but during the 
tests only one was active. The mass flows are very different for the two experiments in order to estab-
lish the jet release speeds of 4.9 and 730 m/s respectively.   

2 COMPUTATIONAL MODEL 

Previous validation activities (e.g. Andreani, 2006) employing best practice guidelines and numerous 
investigations on the mesh sensitivity of numerical results provided experience how to create a grid to 
keep mesh sensitivity at a low level. This experience involves a sufficient number of cells over the 
cross section of openings, close to walls and a high resolution along the flow path of a jet. These re-
quirements sometimes need compromises if the problem time to be covered is very long as for full 
containment applications. The formation of the grid of the BM-C is not affected because the simula-
tion times (800 s) are short.   

2.1 Mesh 
The grid created to simulate the two helium-steam experiments includes all the compartments and 
flow openings of the BM-C involved in the tests. An overview together with the average cell size and 
cell density on surfaces outside the jet region is given in Fig.  5. 

Fig.  5 also includes a close-up of the mixing device though which the mixture of helium and steam 
has to pass before it is released into compartment R6 of the test facility. Close to the mixing device 
there is opening U69. As already discussed a metal sheet was placed in front of U69 to limit the asym-
metrical entrainment of gas through this opening.   
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Fig.  5 Model of the test facility and a close-up of the release section 

First simulations were carried out with the release direct at the pipe opening with the correct dia
for the respective experiment. The mixing chamber was completely excluded from the mesh. A
outflow profile had to be assumed because of lack of other information. Later, a remarkable imp
ment of the simulation results along the jet axis could be obtained when the mixing chamber w
cluded in the numerical mesh. The red area in Fig.  5 was defined as the release location for a
simulations discussed here. This simulation method is very close to the real situation in the test 
ity. Now the velocity profile at the release opening from the mixing chamber is stronger concen
towards the central axis and is not flat anymore. The improvement obtained in the prediction 
helium concentration closest to the outlet from the mixing device is illustrated in Fig.  6.  
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Fig.  6 Improvement of the predicted helium concentration when the mixing device is inclu
in the computational domain (0.29 m above the release opening) 

The mesh in the test facility consists mostly of tetrahedral cells. Only in a few locations a combin
with hexahedral cells and pyramids was applied. The grid generator Gridgen used here allows cre
any combination of structured and unstructured cells. The influence of the mesh type on the r
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was not investigated further. 

Two examples of the tetrahedral mesh in the jet area of the test facility are shown in Fig.  7. According 
to the arrangement of measurement probes (Fig.  2) and the theoretical expansion of a jet, very small 
cells are located in this region. They grow outside of this cone to a standard cell length of about 0.2 m. 
The total number of cells in the complete test facility is 775619.  

The close-up in Fig.  7 provides a cut through the mesh in the mixing chamber and shows the reflect-
ing plate between opening U69 and the gas release device. The gas mixture enters the test facility at 
the position of the dotted red line included in Fig.  2 which represents the lowest plane modelled from 
the mixing device in Fig.  7. 

   

 

                           

Fig.  7 Cut through the mesh in the jet region and details in the release device 

2.2 Initial and Boundary Conditions 
The boundary conditions given by the test facility refer to wall temperatures and the flows from the 
mixing device. The start of the simulations for each experiment coincides with the beginning of the 
helium injections. 

Before the flow mixture enters the test facility it is prepared outside of it as shown in Fig.  8. All meas-
urements like temperatures and mass flows except the mixture temperature are done before the mixing 
of helium and steam takes place. Helium arrives at about 30 °C and is heated up to the steam tempera-
ture. An estimation of the condensation flow required was made. About 8% of the total steam flow 
may condense in order to heat up helium by about 90 K. But there is more steam necessary to keep the 
metallic structures of the mixing device at a constant temperature. There is no quantitative information 
available on this. Even if not considered 8 % less steam flow appears to be the minimum to deduct 
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to deduct from the measured steam flow. However, some uncertainty remains about the real steam 
fraction entering the test facility. If less steam would be found in the entering mixture then automati-
cally higher helium fractions in the jet would be measured. Some underestimation of the simulations 
could be explained in this way. 

After steam correction the measured flows from Fig.  4 were directly used as input to the code. 

 

Fig.  8 Set-up of the injected gas mixture 

The initial temperature distribution in the BM-C was calculated from the temperature probes at the 
time the helium injection started. There were not enough temperature probes in the gas space and at 
walls to get precise information about any location in the BM-C. A three-dimensional interpolation 
scheme was applied to produce a temperature field across the test facility and along the walls from the 
available probes. The result is shown in Fig.  9. The wall temperatures can be considered to be con-
stant over the given simulation times as is illustrated on the right side of Fig.  9. The temperatures 
shown are from experiment Jx4 but the same distribution was observed with test Jx81. The displayed 
outer wall temperatures from compartment R9 are not monotonic from ceiling to bottom. This is due 
to the flow field in the test facility which developed during the heating phase prior to each experiment. 
All walls are treated as boundary condition in the simulations and are not included in the mesh. It 
turned out that the floor temperatures in all lower compartments were at lower values. This fact is 
included in the code model as a separate boundary condition for the floor walls based on the meas-
urements available.  
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Fig.  9 Initial gas temperature distribution together with selected wall temperatures in the test 
facility for test Jx4  
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In CFX all walls are treated as walls at constant temperature with steam condensation allowed on 
them. The condensation model for bulk and wall condensation is a user supplied model. It has been 
validated in the SARNET NoE (Network of Excellence) and applied as described by Heitsch (2007). 

The simulations used the adaptive time stepping feature of CFX with time steps between 0.05 and 
0.5 s. This range of time steps ensured that each time step converged to 10-4 of the rooted mean 
squares of the residuals. 

3 SIMULATIONS 

All simulations presented here were carried out by the CFX version 10 (Ansys, 2006). As already 
mentioned the code was extended by bulk and wall condensation models to cope with these important 
phenomena in containment simulations. A major source of influence on the calculated results is al-
ways the turbulence model employed. Therefore three different turbulence models were applied to 
both experiments. These are the standard k-ε, the RNG k-ε and the SST turbulence models. The RNG 
k-ε model provided good results in an earlier work (Heitsch, 2000) but with a previous generation of 
CFX. The SST (shear stress transport) model became popular with the recent versions of CFX and was 
already applied in a comprehensive containment (Heitsch, 2007). This model should behave close to 
the k-ε model in free space and like a k-ω model at walls. With the given experiments the most impor-
tant effects are observed distant from walls; hence k-ε and SST models should predict results very 
similar to each other. With the slow jet experiment Jx4 the differences in the predictions are smaller 
than with the fast jet test Jx81. However, predictions are closer to the measurements with experiment 
Jx81 (when using the RNG k-ε model) than with test Jx4. 

The focus of the HYJET experiments was clearly the investigation of jets under various conditions. 
The presentation of results follows this approach by comparing mainly data from the jet region with 
numerical results.   

3.1 Slow Jet (Jx4) 
Results from the slow jet experiment Jx4 are presented here using the RNG k-ε model. Differences to 
the other turbulence models are discussed later. 

   

Fig.  10 Evolution of helium molar fraction during test Jx4 (left: 60 s after start of helium injec-
tion, right: 420 s after start of injection) 

During the injection of helium there is a continuous increase of this gas in the upper part of the facil-
ity. The concentrations remain low compared with experiment Jx81 because the total amount of mass 
fed in is only 1.05 kg. Fig.  10 illustrates the accumulation of helium. This figure represents a vertical 
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cut through the BM-C touching the central axis of the facility and the injection device. Two situations 
are shown in the figure: short after the beginning (60 s) and close to the end of injection (420 s). Dur-
ing this time the jet has slightly changed its appearance in the upper section of the facility.  

The helium molar fraction along the central axis of the jet varying with time is shown in Fig.  11. The 
closest probe above the helium-steam exit pipe is found at a distance of 0.29 m (compare right side of 
Fig.  2 for elevations relative to the outlet opening). In this position the measurement is systematically 
under-predicted. It was already mentioned that there is a slight uncertainty in the steam fraction which 
really enters the BM-C. This would directly influence the volumetric fraction of helium. Although the 
grid is built from very small cells in this region the applied tetrahedral cells in general are more diffu-
sive than hexahedral cells. Another contribution to numerical diffusion may be found in the discretiza-
tion schemes (although second order accurate was selected).  
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Fig.  11 Prediction of helium concentrations vs. experimental data (dotted lines are experimental 
data) and flow speed through opening U69 

At higher positions there is sometimes an overestimation of the measured data but at position 1.5 m 
(blue lines) a longer lasting underestimation of the measurements is shown. This observation can be 
explained by the fact that the jet is oscillating slightly compared with the idealized vertical axis at 
which the probes are located. The remaining air entrainment through opening U69 causes the jet to 
move to the opposite position. This is not a stable effect therefore the code calculates oscillations 
which become remarkable at higher elevations. The flow speed through opening U69 is calculated 
with a higher value than the measured one. It should be remarked that the calculated and the measured 
speeds are of different nature. The calculated speed equals to a point value at the central axis of the 
flow opening whereas the measured speed represents an average over the cross section of the turbine 
flow meter. Further, it is also possible that the existing walls in the test facility were rough walls com-
pared with the smooth walls assumed in the CFX model. This would create higher flow losses and 
consequently lower velocities. With the available information it is however not possible to quantify 
this effect. 

3.2 Fast Jet (Jx81) 
Experiment Jx81 was carried out with a considerably higher helium injection flow rate than the previ-
ous experiment. About 8 times more helium passed through the injection opening. 

Although the injection time is shorter for test Jx81 higher helium concentrations are observed than 
with test Jx4. In Fig.  12, similar to test Jx4, the helium molar fractions at two times of the injection 
phase (60 s and 200 s) are depicted. In this figure two cuts parallel to the horizontal coordinate axes 
were drawn. Both cuts run through the injection device. The complex geometry of the BM-C creates 
non-symmetric cutting planes. It can be seen that the distribution of helium to some locations is very 
limited and non-uniform. After 200 s there is still almost no helium in some compartments (right side 
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in Fig.  12) due to missing connections to the other rooms.  

   

Fig.  12 Helium injection during test Jx81 

  Fig.  13 reflects similar to Fig.  11 to which degree measurements are met in the central axis of the jet 
zone. Again the closest probe to the release opening is under-predicted while at some locations above 
higher-than-measured values are calculated. It is possible that the calculated jet is not always in the 
same position as the measured was. The calculated oscillations around the central axis of the jet may 
be triggered by numerical effects and are not predictable.  
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Fig.  13 Helium molar fractions in the jet axis (experiment Jx81) 

As Fig.  10 and Fig.  12 imply, in most regions of the test facility helium concentrations grow with 
increasing time and remain nearly constant after the end of injections. Time histories of molar helium 
fractions at three selected locations from experiment Jx81 are shown in Fig.  14. There is quite good 
agreement with the available measurements. The concentration growth is observed with the same gra-
dients for measurement and simulation. But there is at two locations (compartments R5 and R6, blue 
and green lines) a short delay in the simulation before the first helium appears.    
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Fig.  14 Samples of helium molar fractions outside of the jet (line colours correspond to locations 
in test facility) 

3.3 Influence of Turbulence Model 
An important investigation was made concerning the influence of the turbulence model chosen. As 
mentioned before three two-equation models were used for each experiment. These are the RNG k-ε, 
the standard k-ε model and the SST model. Results are depicted in Fig.  15. 
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Fig.  15 Influence of the turbulence model on the helium concentration 0.29 m above outlet (left 
test Jx4, right Jx81) 

With both experiments at the closest position from the outlet opening (0.29 m distance) the RNG k-ε 
model and the standard k-ε model give almost identical (good) results. The SST model predicts a con-
siderably lower value only for test Jx81. For all three models production and dissipations terms due to 
buoyancy were switched on in the physical setup of the CFX models. 

This is not the place to draw conclusions about the applicability of the different turbulence models. At 
the next higher position the predictions are already more distributed particularly for test Jx4 (earlier 
dilution of the jet). However, it underlines how important the parallel application of similar turbulence 
model for jet simulations is. The RNG k-ε model ended up with good results in all simulations carried 
out. 

3.4 Discretization Errors 
An additional investigation was carried out to quantify the influence of numerical errors on the simula-
tion results. For this purpose an additional simulation with the upwind discretization scheme in space 
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and the first order backward Euler scheme in time was carried out. Results for the closest jet probe to 
the gas release opening are shown in Fig.  16. 
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Fig.  16 Influence of the discretization scheme on the jet prediction (test Jx81, 0.29 m) 

It turns out that the first order simulation is much more diffusive because the calculated concentration 
is considerably lower. This implies that there is still a potential for mesh improvement in the simula-
tions, because a coarser mesh involves larger numerical errors once the discretization scheme is 
changed. As a continuation of the simulations presented in this work a finer grid in the jet region could 
be created to further investigate the influence of numerical errors. However, in view of an application 
of equally fine grids in a containment application this approach seems not to be feasible and longer 
problem times could not be covered.   

4 CONCLUSIONS 

Simulations on two HYJET experiments in the Battelle Model Containment with CFX were presented 
and discussed. The HYJET experiments carried out in 1996 were designed as integral tests with the 
interaction of several phenomena. Due to the size of the test facility, the instrumentation could not 
cover all quantities (like steam concentrations) or provide probes in a spatial density required for the 
validation of single phenomena in a CFD code. However, the HYJET experiments are appropriate if 
the interaction of different types of flows with heat transfer in a realistic geometry is of interest. The 
HYJET experiments cover a wide range of speeds of either helium or helium-steam jets. An experi-
ment without steam was analysed earlier (Heitsch, 2000). The two experiments analysed in this work 
include steam condensation to be as realistic as possible. The condensation itself could not be evalu-
ated separately because of lacking measurement information. Condensation acted as a background 
process and could be quantified. 

The experiments selected for simulation are the tests Jx4 and Jx81 with jet release speeds of 4.9 m/s 
and 730 m/s respectively. These release speeds are representative of a wide range of possible flow 
conditions in a nuclear containment after a loss-of-coolant accident. Both experiments could be mod-
elled with good or sufficient agreement to the measured data. Emphasis was given to the comparison 
against data in the jet region. It remains open if model approximations and numerical errors are the 
only cause of the disagreements because some uncertainties from the experiments exist.  

Additional investigations were performed to substantiate the results obtained. In order to quantify 
model and numerical errors three different turbulence models were applied to each experiment. The 
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RNG k-ε model turned out to provide predictions for both experiments with the smallest differences to 
the measured data. The adaptive time stepping mechanism of CFX was applied and saved computing 
time while ensuring good convergence of all time steps.  
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Abstract 

Autocatalytic passive recombiners (PAR) are implemented in containments as an accident manage-
ment measure to mitigate the consequences of possible hydrogen combustion in the course of a severe 
accident. The performance of a PAR has been demonstrated in large scale tests; however these integral 
tests provided no data for detailed model development. At Forschungszentrum Jülich separate effect 
tests are performed in order to obtain experimental data suited for the validation of detailed numerical 
models for the assessment of the operational behaviour of PAR. The paper describes the experimental 
facilities and results obtained so far.  

Two modelling strategies are pursued and assessed with their applicability and further development 
needs. The detailed evaluation of the reaction kinetics and heat and mass transport phenomena on a 
single catalyst element is performed by a direct implementation of the transport and kinetic approaches 
in ANSYS CFX 11. To model the interaction of PAR with the containment and address the issues 
mentioned above, REKO-Direkt, a detailed user model based on Fortran 90 will be implemented in 
CFX to model the entire PAR. This in-house code is already validated against the database and 
capable to model all relevant processes. Finally some results of local interaction studies are presented. 

 

1 INTRODUCTION 

The nuclear safety is based on the “defence-in-depth” concept, introduced by the International Atomic 
Energy Agency (IAEA, 1996). This concept consists of hierarchical levels of equipment and 
procedures to preserve the integrity of the physical barriers.  

During severe accidents (SA) in light water reactors, hydrogen is generated by the exothermal 
oxidation of the fuel claddings, hot metallic components and after failure of the reactor pressure vessel 
and melt relocation to the reactor pit due to decomposition of concrete as well. These processes 
produce hydrogen with such high rates and for a long term in the course of a SA that the local 
volumetric concentrations inside the containment exceed the lower flammability limit. Both major 
nuclear accidents of Three Mile Island (TMI) in 1979 and Chernobyl in 1986 resulted in a world-wide 
investigation of SA and the hydrogen risk. 

The protection of the containment against the consequences of a hydrogen deflagration or even 
explosion is an integral part of the forth level (“...prevention of accident progression and mitigation of 
the consequences of severe accidents…”). Due to the relative small containment size of boiling water 
reactors (BWR) the atmosphere is diluted or even inerted with nitrogen or carbon dioxide in order to 
prevent combustible hydrogen mixtures. In an increasing number of European pressurized water 
reactors (PWR) the containment has been refitted with passive auto-catalytic recombiners (PAR) as an 
accident management measure. Hydrogen and oxygen react exothermally on the catalytic surfaces 
inside a PAR generating steam and heat beyond conventional flammability limits (Bachellerie et al., 
2003). The reaction heat creates a buoyancy driven flow which makes a PAR a completely passive 
operating device. Present commercially available and implemented PAR designs are box-type PAR of 
AREVA (France/Germany) and Atomic Energy Canady Limited (AECL, Canada) and porous bed 
type PAR of NIS Company (Germany). Figure 1.1 shows a PAR of AREVA design, mainly back 
fitted to European PWR containments, and a section of the catalyst sheets. 



 
Figure 1.1: AREVA-design PAR: Implementation and detailed view on catalyst section 

In the frame of SA analysis reliable numerical models are a vital element for the assessment of PAR 
performance and efficiency in accident scenarios. International research activities e.g. in the European 
FP-6 Network of Excellence SARNET (Severe Accident Research NETwork) investigate related 
aspects. The important modelling issues are on the one hand the phenomena inside the PAR, e.g. the 
buoyancy driven flow and hydrogen depletion due to the catalytic surface reaction. On the other hand, 
the interaction with the containment atmosphere in particular the PAR outflow and its influence on the 
mixing process, the inducing of natural convection by the hot PAR box housing, and the effect of 
forced flow conditions are addressed. Safety related criteria such as possible gas-phase ignitions 
caused by hot parts due to the exothermal reaction are considered as well.  

Numerous integral experiments have been performed in the past aiming at demonstrating the PAR 
performance under realistic conditions. However, developing detailed numerical models from these 
integral and mostly transient data represents a difficult if not impossible task leading to “black-box” 
models which have a limited application range and do not cover all relevant parameters to sufficiently 
deal with the above-mentioned issues.  

 

2 EXPERIMENTAL STUDIES 

In order to fill existing knowledge gaps and complement the existing data base, detailed experiments 
are performed at the Institute for Safety Research and Reactor Technology (IEF-6) at Jülich. In the 
small-scale test facility REKO-3, representing a recombiner section, detailed investigations of the 
reaction kinetics under well-defined and steady-state conditions are performed, e.g. on the influence of 
steam or of oxygen depletion conditions. Currently a new large test vessel REKO-4 is under 
construction for testing PAR behaviour under natural convection conditions. It will provide various 
possibilities for instrumentation to measure temperatures and gas compositions and in particular it will 
be equipped with particle image velocimetry (PIV) for measuring the flow field around the PAR. 

 

2.1 Small Scale Test Facility REKO-3 

Experimental studies on the operational behaviour of a recombiner section are performed at the 
REKO-3 test facility (Fig. 2.1). The experimental set-up allows the investigation of catalyst samples 
inside a vertical flow channel under well defined conditions comprising gas mixture, flow rate and 
inlet temperature. The catalyst sheets (stainless steel coated with washcoat/platinum catalyst material) 
are arranged in parallel forming vertical rectangular flow channels. Such a set-up represents a box-type 
recombiner section of AREVA design. The correlation of the hydrogen conversion and catalyst 
temperatures with the experimental parameters serve basically to clarify the interactions of reaction 
kinetics, heat and mass transfer, and the flow conditions inside the recombiner. Inside of the 
configuration the distribution of the catalyst temperatures and the gas composition in vertical flow 
direction are measured (Fig. 2.2). 



    
    (a)                                                            (b) 

Figure 2.1: REKO-3 test facility: (a) partially isolated, (b) schematic view 
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Figure 2.2: REKO-3 measuring points 

For measuring the distribution of the catalyst temperature the catalyst sheets are equipped with 
thermocouples. In order not to disturb neither the gas flow nor the catalyst coating, drillings were 
manufactured inside the rear edge of the plates by means of spark erosion (0.6 mm) enabling thin 
thermocouples (0.5 mm) to be inserted at different locations inside the samples. For the measurement 
of the gas concentrations in the flow channel along the catalyst sheets, a probe head is introduced at 
different vertical positions allowing measurement of the hydrogen and oxygen depletion in flow 
direction. A total of 14 sample points has been implemented. The measurement gas is conducted from 
the sample point through a cooler and condensate trap. Hydrogen and oxygen concentrations are 
measured in line by separate systems (Fig. 2.3). 
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Figure 2.3: Flow sheet of the REKO-3 gas analysis section 

The uncertainty of the different measurement components lies within 1 % of the measurement range. 
However, while the temperature measurement provides very robust data due to optimal contact with 
the catalyst and avoided flow interaction, the gas concentration measurements are subject to several 
disturbances. On the one hand, the measurement location can’t be determined exactly as the probe gas 
is sampled from an undefined volume. On the other hand, changing of the background gas 
composition along the catalyst sheets causes deviations due to the measurement principle (heat 
conductivity sensor). A quantification of these combined measurement errors is not possible. 

Some exemplary measurement results are given in Fig. 2.4. These steady-state distributions of the 
hydrogen concentration (left side) and the catalyst temperature (right side) were obtained at 2 vol.% 
and 4 vol.% inlet hydrogen concentration, the inlet gas temperature of 25°C and a flow rate of 0.8 m/s. 
The symbols represent measuring values while the lines are added for the sake of clarity. The 
measured values are plotted on the horizontal axis in order to illustrate the vertical arrangement of the 
catalyst plates.  
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Figure 2.4: Steady-state hydrogen depletion (left side) and catalyst temperatures (right side) along the 

catalyst sheets for two different hydrogen inlet concentrations at 25°C inlet temperature 
and a flow rate of 0.8 m/s 

The main part of the conversion reaction takes place in the very first area of the catalyst surface. This 
is reflected by the first sharp concentration drop as well as by the temperature profile where the 
maximum temperature is located close to the leading edge of the catalyst sheet (x = 0 mm). The 
temperature rise closer to the trailing edge is to some extent caused by heat conduction and convective 



heat transport. Maximum temperatures reach the conventional ignition limit of about 560°C already at 
a hydrogen concentration of 4 vol.% hence representing the risk of an unintended ignition. 

The experimental results obtained have been described in detail by Drinovac (2006). In general, the 
experiments have been performed for three different flow rates (0.25 m/s, 0.5 m/s, and 0.8 m/s), for 
three different inlet gas temperatures (25°C, 70°C, and 110°C), and for hydrogen concentrations 
between 0.5 vol.% and 5.0 vol.%. Specific attention has been paid to the effect of steam and oxygen 
starvation on the conversion rate. On-going experiments deal with the ignition of the gas mixture on 
hot catalyst sheets (table 2.1).  

Issue Experimental 
data available 

Validation 
performed 

Standard reaction kinetics   
Influence of steam   
Lack of oxygen   
Ignition criteria on-going 

Table 2.1: Experimental results and model validation matrix 

In addition to these experiments representing the reference case using catalyst sheets fully coated on 
both sides, specific catalyst arrangements have been investigated including: 

• sheets only partially coated (the first 27 mm at the leading edge were left uncoated), 

• sheets coated with stripes of catalyst material, 

• sheets coated on both sides with alternating stripes of catalyst material, and 

• additional uncoated sheets arranged between the catalyst sheets. 

 

2.2 REKO-4 Test Vessel 

In order to study the operational behaviour of PAR under natural flow conditions and to study the 
chimney effect on the PAR operation in detail a new facility (REKO-4) is presently constructed at 
Jülich. The pressure vessel with an inner diameter of 1.4 m and a height of 4 m is designed for a 
pressure of 25 bar.  

A total of 25 flanges will allow the accessibility of the vessel with different measurement techniques. 
Foreseen measurements inside the vessel are basically pressure, gas temperature and hydrogen/oxygen 
concentration. The PAR device will be equipped with thermocouples for catalyst and gas temperature 
measurement and hydrogen/oxygen sensors. Most challenging measurement will be the use of particle 
image velocimetry (PIV) for the measurement of the flow field at the inlet and the outlet of the PAR. 
On the one hand, these information are essential in order to determine the PAR throughput and 
efficiency. On the other hand, this high-resolution measurement technique provides data suited for 
CFD validation. In general experiments will study aspects of the operational behaviour of small PAR 
devices when the flow rate is solely induced by the heated catalyst sheets. For this purpose, a defined 
amount of hydrogen will be released into the air-filled vessel.  

After start-up of the exothermal catalytic reaction the buoyancy effect is expected to fuel the PAR 
device. The hydrogen conversion will be monitored by sensors inside the vessel. Due to the option of 
positioning the PIV device in different locations it is expected to visualise the flow pattern in different 
relevant areas around the PAR. First experimental results are expected for late 2008. 

 



PAR

 
Figure 2.5: REKO-4 vessel 

 

3 MODELLING APPROACHES 

There are several effects and phenomena related to PAR which need to be resolved in a higher detail 
than presently possible with lumped parameter (LP) codes and black-box models. These include local 
containment studies concerning the interaction of different safety measures as well as the detailed 
investigation of the thermo hydraulic phenomena inside a PAR. For these purposes different 
approaches have be developed at Jülich in order to model the catalytic surface reaction as well as the 
entire device. The simplest approach is the direct implementation of the manufacturer’s empirical 
parameter correlations for calculating the hydrogen consumption rate. A more detailed approach is the 
implementation of REKO-Direkt, a mechanistic model to describe an entire PAR via USER-Fortran 
routines. For a detailed understanding and optimisation of the thermo hydraulic and transport 
phenomena CFD is used to model the reaction and all relevant transport phenomena at a single catalyst 
element.  

 

3.1 Model Discussion 

3.1.1 Detailed model 

Heterogeneous catalysis on a coated surface can be described by several elementary steps as shown in 
figure 3.1 (left): The transport to the surface by convective and diffusive transport in the bulk flow and 
film diffusion trough the boundary layer. In a porous catalyst, the reaction occurs inside the pores: 
therefore the reactants must diffuse into the catalyst where they encounter active sites and the reaction 
takes place. The intrinsic rate depends on the gas phase concentration at the active sites; the pore 
diffusion can be described by different modes which depend on the pore size. Detailed schemes which 
describe the surface reaction are known, for example by Warnartz et al. (1994). 

The REKO-3 test series and previous work performed at Jülich (Reinecke et al., 2004) revealed that in 
the present case the rate determining step of the catalytic recombination of hydrogen and oxygen is the 
transport of the products and educts from and to the surface. The implemented CFD model is based on 
this elementary understanding. For the simulation of the catalytic process only the transport of the 



species is considered (figure 3.1 right). The outer surface of the catalytic coating is modelled as a wall. 
The chemical reaction is implemented as a single step reaction 

o
rhOHOH Δ+→+ 222

1
2      (1) 

by means of sinks and sources of mass, enthalpy and momentum in the cells adjacent to the wall.  
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Figure 3.1: Heterogeneous catalysis: Theory and model 

The prediction of the reaction rate is done by fully resolving the species boundary layer, which allows 
solving the reactants flux by Fickian diffusion only. Consequently the reaction rate can be described as 
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where c is the molar concentration of the mixture, Di is the effective diffusion coefficient of the 
species i in the mixture, νt/Sct is the turbulent diffusion coefficient and Xi the molar fraction of the 
species i. To enable the model to predict the reaction rates under oxygen starvation conditions as well 
the transport of oxygen is also considered. The system of compressible Navier Stokes equations is 
closed by the k-ω based shear stress transport (SST) turbulence model in order to use this low 
Reynolds approach and integrate up to the wall and avoid the use of wall functions. The i-species are 
described by the ideal gas equation of state. As buoyancy is the major driving force, the full buoyancy 
model including the production and dissipation of turbulence is included. The radiative heat transfer 
between the plates and also with the environment is considered by a Monte Carlo model. 

This modelling approach has been developed under application of the ERCOFTAC best practise 
guidelines (Casey and Wintergerste, 2000) and validated against the REKO-3 test series for plate type 
catalyst sheets (AREVA design). Figure 3.2 shows exemplarily the temperature profiles in the catalyst 
sheets and the hydrogen concentration decay in the flow channel for different hydrogen inlet 
concentrations and a typical flow velocity of 0.8 m/s in a PAR. 

The catalyst temperature profiles are predicted quite well by the model, except a slight over prediction 
at the end of the catalyst sheet in some cases due to some uncertainties with regard to the radiative heat 
exchange with the REKO-3 channel and outlet. Comparing the concentration profiles with the 
experimental data is difficult as this measurement allows no point or profile measurement, so for 
validation purpose two extreme cases are considered: The values at the symmetry plane between the 
plates (solid line) as a quasi point measurement and an massflow average over the channel cross 

~0 



section (dashed line). The numerical model predicts the concentration profiles, and with it the entire 
reaction rate quite well in a reasonable agreement to the experimental results.  
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Figure 3.2: Temperature und concentration profiles: Experimental and CFD modelling results 

This modelling approach has its advantage in predicting the detailed thermo hydraulic and transport 
phenomena in a PAR channel and is used for the assessment of new catalyst designs. For the study of 
an entire PAR operational behaviour it is to cost intensive to model all catalyst elements this degree of 
detail.  

 

3.1.2 Entire PAR modelling approaches 

Up to now for the PAR system design and accident analysis the only available and for designated 
cases validated models are the manufacturer’s correlations which are implemented in integral LP 
containment codes. These empirical correlations are based on the large scale experiments performed to 
demonstrate PAR performance under realistic conditions (Bachellerie et al. 2003). 

These models describe the hydrogen consumption rate for a reference PAR type as a function of the 
ambient gas concentrations and the pressure: The H2 consumption rates proposed by the manufacturers 
are given by the following empirical correlations (Bachellerie et al. 2003): 

AECL ( ) ( ) [ ]h
kg0.577691.10974

T
1982

H2H2H    PC0.0126C.15196r ⋅⋅⋅+⋅= 02&  (3)

AREVA ( ) ( ) ( ) [ ]s
g

HOHH     XBpAXXr 5.0tanh08.0,2,min 2222 −⋅+⋅⋅⋅⋅=η&  (4)

NIS ( ) [ ]s
g

RT
P

HH    Cr ⋅⋅= 307.1
22 134.1&  (5)

 

where Xi is the volume fraction and Ci the volumetric concentration [m³/m³] of the hydrogen and 
oxygen respectively, p is the pressure (bar), T the absolute temperature (K) and A and B and the other 
constants respectively are model parameters which include all residual influences and conditions at the 
validation experiments and depend on the recombiner model. In the AREVA approach η can be used 
to describe the PAR efficiency under different conditions (eg. oxygen depletion or spray).  

As a first approach these correlations can be scaled and implemented by means of volumetric sinks 
and sources of energy, mass and momentum or as a black-box directly in CFD as described for 
example by Kudriakov et al (2008). Similar approaches applied in the frame of the EU network 
SARNET (Severe Accident Research Network) PARIS (PAR Interaction Studies) studies (Dabbene et 
al., 2007) by different partners.  



These empirical models are validated for the specific experimental conditions present in the original 
tests. However, for detailed CFD studies they do not provide relevant parameters, such as catalyst or 
box temperature to assess the ignition risk. For this reason, REKO-Direkt, a 2D detailed mechanistic 
black-box model based on Fortran 90 was developed at Jülich (Böhm, 2006). The principal structure 
of REKO-Direkt and its interface to CFX are shown in figure 3.3.  
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Figure 3.3: Structure of REKO-Direkt and interface to CFX 

For a single channel local reaction rates are calculated by means of a mechanistic transport approach  
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Here Sh is the local Sherwood number, Di the effective diffusion coefficient of the species i in the 
mixture, d the hydraulic diameter and ΔCi the molar concentration of the species i. The system of mass 
and energy balances is solved directly, which allows gaining a fast and robust solution. This single 
channel is extrapolated to a full recombiner catalyst section to calculate in a last step the buoyancy 
driven flow through the PAR box as well as the radiative and convective heat fluxes from the PAR to 
its environment. REKO-Direkt provides also the efficiency of the PAR and the maximum catalyst 
temperatures which can be used for further risk and safety assessment. 

REKO-Direkt has been validated against the REKO-3 database. Figure 3.4 shows as an example the 
temperature profiles and hydrogen concentration decay for different H2 inlet concentrations and flow 
velocities. The code reproduces the temperature distribution and reaction kinetics for the experimental 
test cases (table 2.1) quite well. 

Natural convection trough the PAR box is already implemented and predicts credible values for the 
flow velocity, compared to the integral large scale experiments. As these experimental database of the 
integral experiments are mainly not accessible and detailed enough, this phenomenon will be 
investigated in more detail at the REKO-4 test vessel, and give a more quantitative validation data 
base. 
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Figure 3.4: Temperature und concentration profiles: Experimental and REKO-Direkt results 

The implementation of REKO-Direkt via USER-Fortran routines into CFX is currently in progress.  

 

3.2 Application/Results 

In the frame of SARNET WP12-2 containment atmosphere mixing, PAR interaction studies (PARIS) 
are performed in order to investigate in general adopted models and approaches and focus on the 
impact of PAR elevation on the phenomena of stratification (PARIS-1). In the frame of this study an 
AREVA FR90/1-150 like PAR was considered in a 2D rectangular domain. The hydrogen conversion 
was modelled by means of the empirical AREVA correlation (equation 4). In PARIS-1 a closed 
5mx5m domain, fitted with two PARs was addressed (figure 3.5 left). In order to compare PAR and 
containment interactions heat and mass transfer to the walls was not considered. The starting point for 
the 3000 seconds calculation was a homogeneous mixture at 100°C, containing 5 vol.% H2 in dry air 
and steam at saturation conditions. In the first 300 seconds the flow was nearly symmetric (figure 3.5 
middle and resulted after about 400 seconds in a stable thermal stratification in the domain. As 
thermally driven convection loops have difficulties to mobilise the cold H2 rich gas located near the 
floor below the PAR inlet (figure 3.5 right), this scenario develops into a diffusion controlled situation. 
The elevation of the PARs had an influence on the thickness of the bottom layer, but could not resolve 
it anyway.  

   
Figure 3.5: PARIS-1: Geometry, hydrogen mass fractions operation after 10s and diffusion controlled 

scenario after 400s 

The main reason for the formation of the bottom layer was the artificial assumption of adiabatic walls. 
In a real situation heat transfer to the compartment walls and condensation would result in an 
enhanced mixing of the atmosphere. This was demonstrated in a further calculation with constant wall 
temperatures revealing that the bottom layer is dissolved after 500 seconds. Nearly adiabatic situations 
are however imaginable and the phenomenon of thermal stratification has occurred in some integral 
containment experiments. Consequently, the relevance of detailed studies has been affirmed by this 
benchmark exercise. 

Currently, PARIS-2 is progress investigating the impact of forced downward flow conditions on the 
PAR operation. 



4 SUMMARY AND FUTURE WORK 

The numerical modelling of operational behaviour of PAR is an important task in SA research and 
analysis. In order to complement the existing integral database, Jülich performs separate effect tests at 
the small scale test facility REKO-3 under well defined conditions to investigate the reaction kinetics 
on the catalyst elements of a PAR. A new test vessel REKO-4 will be dedicated to the assessment of 
PAR behaviour under natural convection conditions.  

Based on these experimental results a detailed model has been developed and implemented in CFX for 
describing the H2 conversion process at a single catalyst element. This model is used at Jülich for the 
optimisation and design of innovative catalyst designs. In order to model an entire PAR currently the 
manufacturer’s correlations are directly implemented in CFX. To overcome their limitations of these 
empirical parameter models REKO-Direkt, a mechanistic model will be implemented by means of 
USER Fortran routines. First common recombiner interaction studies within SARNET affirm the need 
of detailed investigation of PAR operational behaviour. This work will be continued in the SARNET 
and at Jülich.  
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ABSTRACT 

Three dimensional CFD code, GASFLOW, is applied to analyze the hydrogen risk for 

Qinshan-II Nuclear Power Plant (NPP) in China. In order to check the effects of spray modes 

on hydrogen safety, three different spray strategies are selected, i.e. without spray, with direct 

spray and with both direct and recirculation spray. The obtained results are compared between 

different cases, in the aspect of thermal hydraulics behavior and hydrogen risk. The effect of 

the direct and recirculation spray on hydrogen risk is discussed. 

1. INTRODUCTION 

During the severe accident of water-cooled reactors, hydrogen can be generated by the 

metal-steam reaction. The generated hydrogen will be released into the containment and 

forms the combustible or even detonable gas mixture. As one of the mitigation measures for 

severe accidents in Qinshan-II NPP, the containment spray systems are designed to activate 

when the pressure inside the containment value reaches the threshold value. The spray 

operation affects the hydrogen behavior inside the containment in two aspects. In one respect, 

the operation of containment spray systems reduces the steam concentration in the 

atmosphere and, in the same time, increases the hydrogen concentration which augments 

hydrogen combustion or detonation possibility. In the other respect, the containment spray 

promotes the atmosphere mixing and leads to more uniform distribution of the hydrogen 

concentration. 

The effect of containment spray on the hydrogen behavior is traditionally analyzed with 

lumped-parameter codes which provide simplified spray model. In this study, three 

dimensional CFD code GASFLOW (Travis, 1998) is utilized to evaluate the effect of 

containment spray on the hydrogen risk in Qinshan-II NPP. In the evaluation, a case in which 

the containment spray is not activated is simulated as the Base Case. Two cases with different 

containment spray operation strategies are analyzed. One of them considers only the direct 

spray (indicated as Spray Case A, hereafter), while the other simulates the whole spray 

operation, including the direct and recirculation spray (indicated as Spray Case B, 

hereafter).The results are analyzed and compared in different respects. 

2. GEOMETRY MODEL AND PHYSICS MODELS 

The containment in Qinshan-II NPP consists of a cylindrical part and a spherical dome. The 

total height is about 60 m, and the diameter about 38 m (Zhang, 2005). The containment 

model was established under cylindrical coordinates. The compartments mainly locate below 

the operation deck which is at the height of 20 m. Two steam generator (SG) towers are 

arranged, and two reactor coolant pump (RCP) rooms are also symmetrical. These rooms 

along with two safety injection tank (SIT) rooms are on the deck at 4.5 m, but the top of 

rooms reaches different height. The pressurizer (PZR) room in the neighbor of a SG tower is 

at the height between approximately 11 to 29 m. The PZR relief tank room is at 0 m and 



under the PZR room. The refueling pool locates at the height between 6 to 20 m. It connects 

with the reactor cavity which is in the center of the containment and reaches to the 

containment wall in the radial direction. There are some other small rooms accommodating 

the valve, piping and heat exchangers in the floor below zero meter and the zero meter floor. 

Generally, all the above rooms mentioned are inside a cylindrical missile shielding wall which 

protects the containment from ejected missiles. Above the operation deck, it is much emptier. 

Only the SG towers and PZR room extend to the height beyond the deck. And a crane is 

installed in the dome. GASFLOW can generate structural mesh in both Cartesian and 

cylindrical coordinates. According to the characteristics of the containment geometry, the 

cylindrical coordinates is selected, and the small mesh sizes are utilized in the lower part of 

the containment to satisfy the requirement for complex structure description, while coarser 

mesh is used in the upper region.  

In order to mitigate the hydrogen risk during severe accidents, 22 Siemens Passive Automatic 

Recombiners (PAR) are installed in the containment compartments. Table 1 lists the position 

and type of the PAR. Each PAR is simulated with a single mesh cell. The recombination rate 

is calculated with a correlation provided by Siemens.  

Two separated containment spray systems are installed. During the severe accidents, the 

containment can be depressurized with the operation of only one spray system, according to 

the design of the spray systems. The other one is redundant. Both systems include two nozzle 

rings, as indicated in Fig. 1, on which attach about 250 nozzles. The mass flow is uniformly 

distributed to the nozzles. Heat exchangers in the systems control the temperature of spray 

water. The spray systems are designed to operate in two modes: direct spray mode and 

recirculation spray mode. The direct spray starts while the pressure in the containment reaches 

2.36 bar and pumps water from the refueling tank. In the direct spray mode, the temperature 

at the nozzle outlet is about 20 to 40
 o
C and, in this study, given to be 27

o
C. In 30 minutes, the 

water in the refueling tank will be used up, and the spray switches to operate in recirculation 

mode. In the recirculation mode, the spray water is pumped from the sump inside the 

containment. And the temperature at the nozzle outlet is designed to be 40 to 120
 o
C and given 

as 77
o
C in the simulation. The total spray mass flow rates in direct and recirculation spray 

modes are, respectively, 814 and 1050 ton per hour (Zhang, 2005). 

 

Table 1 Arrangement of recombiners 

 

Fig. 1 Containment geometry model 

Location Type No. 

PZR Relief Tank Room FR90/1-1500 3 

Surge Line Room FR90/1-960 1 

PZR Room FR90/1-960 1 

No. 1 SG Compartment FR90/1-1500 3 

No. 2 SG Compartment FR90/1-1500 3 

No.1 RCP Room FR90/1-960 1 

No.1 RCP Room FR90/1-960 1 

SIT Room FR90/1-960 1 

Dome region FR90/1-1500 4 

Annular Compartment FR90/1-1500 4  

GASFLOW provides two approaches for two phase flow simulation (Travis, 1998). While the 

spray is not activated in a simulation, the homogeneous equilibrium approach is applied 

automatically, which assumes that the liquid and gas phase are in thermodynamic and 

mechanical equilibrium. Because the spray operation introduces strong transient 

Spray rings 



thermodynamic non-equilibrium inside the containment, in order to exactly simulation the 

interaction of between the two phases during spray, GASFLOW offers another approach 

which considers the thermal non-equilibrium, but still neglect the difference of mechanical 

behavior between the liquid and gas phase. GASFLOW spray model has been validated with 

TOSQAN experiment and gives satisfactory prediction of the experiment data (Kim, 2006). 

3. SOURCE TERM AND SPRAY OPERATION 

The source term for this analysis was obtained by scaling from GKN surge line Large Break 

LOCA (LBLOCA) source term given in reference (Royl, 2000), as shown in Fig.2. The break 

locates low in the SG tower. In the beginning of the accident, a large amount of water is 

discharged into the containment. After the blowdown, the water flow rate decays, while the 

water temperature increases. The hydrogen release starts at about 1400 s. About 270 kg 

hydrogen is released into the containment during the first 7000 s. At 5932 s, a strong 

hydrogen release peak is produced due to an enhancement of steam/zirconium reaction after 

the failure of the core support. Fig. 2 indicates also different spray periods which is 

determined according to the pressure variation obtained in the Base Case. In less than 100 

seconds, the pressure reaches the threshold value and the spray starts. 

4. RESULTS 

4.1 Integral effects 

In the Base Case, the average pressure and temperature variation in the atmosphere inside the 

containment is dominated by water injection into the containment, as indicated by Fig. 3 and 

4. In all the cases, a steep pressure rise occurs after the blowdown. The spray activation 

dramatically depressurizes the containment by introducing large amount of bulk condensation 

in short time, as show in Fig. 5. In this accident scenario, the steam discharge prolongs beyond 

the direct spray phase, so that, in the Spray Case A, pressure and temperature buildup in the 

containment atmosphere occurs after the spray shutdown. A slight pressure and temperature 

increase after the switch of spray mode in the Spray Case B, because the recirculation spray 

water is at a higher temperature than the direct spray. Generally, the recirculation spray keeps 

the pressure and temperature inside containment at a constant level. 
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Fig. 2 Source term and spray activation Fig. 3 Pressure variation in three cases 

4.2 Condensation 

As shown in Fig. 5, heavy condensation occurs on the water droplets during the direct spray 

Direct Spray Recirculation Spray 



mode, while, in the recirculation spray phase of Spray Case B, the evaporation of spray 

droplets is observed. Due to the evaporation, the atmosphere temperature is well controlled. 

The evaporation of spray water is an essential issue from the aspect of hydrogen safety 

because it increases the steam concentration and builds up inertial atmosphere. Hence, the 

recirculation spray can help both mixing and inertization. It can also be concluded that 

besides controlling the pressure and temperature of the containment atmosphere, in the aspect 

of hydrogen safety, the outlet temperature of recirculation spray can be optimized to enhance 

the evaporation of spray droplets. In the practical hydrogen safety analysis, it is crucial to 

provide the exact spray water temperature. 
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Fig. 4 Average temperature variation Fig. 5 Bulk mass change due to phase change  

 

Besides the bulk condensation, the condensation on the structure surface is also enhanced at 

the beginning of spray operation, as shown in Fig. 6 and 7. Before the spray activation, the 

hot steam clouds are not well mixed with the containment atmosphere, and do not have easy 

access to the cold surface, which leads to comparatively low surface condensation rate. The 

spray operation introduces strong mixing inside the containment, so that the steam clouds get 

much easier access to the cold surfaces. The increased surface condensation rate helps the 

containment depressurization. The strong bulk and surface condensation shortly after the 

spray activation decreases the steam concentration dramatically. After that, the surface 

condensation is suppressed during the direct spray phase in the spray cases, which resists the 

temperature rise in the structures. After the shutdown of direct spray, the surface condensation 

rate in the Spray Case B shows to be higher than that in the Spray Case A, which benefits 

from the enhancement of mixing. Compared with the Base Case, a slightly high surface 

condensation rate is observed in both spray cases due to the cold structures. 

Besides the condensation/evaporation on the surfaces, the radiation and convection are two 

important heat transfer manners between the atmosphere and structures. As shown in Fig. 6, 

in all the cases the condensation dominates the heat transfer at the beginning of the blowdown. 

In the Base Case, convective and radiation heat transfer becomes important as the accident 

develops. While in the spray cases, it can be noted that the convective and radiation heat 

transfer is negligible during the spray operation periods, because the temperature difference 

between the atmosphere and structures is small. 
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Fig. 6 Energy absorption by structures  Fig. 7 Structure surface condensation rate 

4.3 Flow field 

Fig. 8 presents the flow fields after the heavy hydrogen release period in three cases. In the 

Base Case (Fig 8a) and Spray Case A (Fig 8b), the magnitude of velocity is generally less 

than 0.5 m/s, and a downward flow is observed near the structure surfaces, due to the steam 

surface condensation or convective heat transfer. A much stronger flow is observed in the 

Spray Case B (Fig. 8c). A large-scale vortex shows in the dome, in which the gas flows 

upward in one side of dome and flows downward in the other side of dome. Fig. 9 indicates 

the density distribution and velocity field. It can be found that the density of the downward 

flow is larger than that of the upward flow. As has mentioned in paragraph 2, GASFLOW 

spray model uses mechanical equilibrium assumption while dealing with the two-phase flow. 

Actually, the heavy liquid phase is more inclined to drop down than the gas phase. The 

assumption inevitably leads to an artificial flow. The actual situation is that the gas phase is 

accelerated by the friction between the two phases and also by natural convection. In this case, 

the mixing flow inside the containment should not be as strong as in the obtained results.  

   

a) Base Case t=6015s b) Spray Case-A t=6010s c) Spray Case-B t=6010s 

Fig. 8 Flow fields after the hydrogen release peak 

4.4 Hydrogen recombination 

According to the Siemens recombiner correlations (Travis, 1998), the recombination rate 

depends on the pressure and inlet hydrogen and oxygen concentration. Although the pressure 

discrepancy is large between the analyzed cases, as mentioned in section 4.1, the total 



recombination rate of 22 PARs doesn’t show great difference in the three cases, as indicated 

in Fig.10. Generally, the sum of recombination rate develops in the same trend. Following the 

hydrogen release into the containment, the recombiners start up as the inlet hydrogen 

concentration reaches the threshold (2 vol. %). Due to the increase of hydrogen concentration, 

the hydrogen recombination rate ascends. At about 3500 s when the hydrogen release 

interrupts, the recombination rate reaches stable value. From 3500 s to 5900 s when the 

hydrogen release is discontinuous and at a quite low rate, the recombination rate reduces 

slowly. During this period, oscillation of recombination rate occurs in Spray Case B because 

strong flow cause by the spray brings the variation of hydrogen concentration at the inlet of 

recombiners. After 5900 s, the spray cases show a higher recombination rate than the Base 

Case due to a higher hydrogen concentration. Here, the recombiner volume flow rate is 

deduced from the recombination rate obtained from Siemens correlations. In this case, the 

recombination rate is affected only by the gas species concentration and pressure at the inlet 

of recombiner. BMC Zx tests include several recombiner tests during spray (OECD/NEA, 

1999). The results suggest an increase of the volume flow rate through recombiners and 

recombination rate due to spray. In order to integrate this effect into simulation, another 

approach which obtain the recombiner flow rate by coupling the flow in the containment and 

the flow in recombiner. 
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Red: 2≥ρ g/cm
3
, Green: 4≥u m/s 

Fig. 9 Density cloud and velocity in Spray Case 

B at 6010 s 

Fig. 10 Recombination rate 

4.5 Hydrogen and steam distribution 

The hydrogen release can generally be divided into two periods. The first period extends from 

1400 s to 3500 s. In this period produces an atmosphere with a hydrogen concentration 

averagely higher than 3%, but the flammable clouds (of hydrogen concentration above 4%) 

rarely appear. Due to the hydrogen-oxygen recombination, the hydrogen concentration can be 

reduced below 3% before the second release period. The hydrogen concentration stratification 

is always obvious in both Base Case and Spray Case A. The clouds of high hydrogen 

concentration can always be enveloped by steam-rich clouds which provide an inertial 

atmosphere and prevents the early combustion. Fig. 11 presents the hydrogen and steam 

clouds at the moment when hydrogen release mass flow rate reaches the peak. 4% hydrogen 



cloud in Spray Case A is of the biggest size among the three cases. Compared with the Base 

Case, the steam concentration is low in the spray cases, which increases the hydrogen fraction. 

As discussed in section 4.3, the strong flow inside the containment promotes the mixing, so 

the hydrogen stratification is not observed. Hence, the direct spray reduces the steam volume 

fraction and increases the hydrogen volume fraction correspondingly, while the recirculation 

spray does not raise an increase of hydrogen concentration, while resisting the hydrogen 

concentration stratification. 

   

a) Base Case at 5944 s 

Red: 4%H2 Green: 40% steam 

b) Spray Case A at 5940 s 

Red: 4%H2 Green: 30% steam 

b) Spray Case B at 5940 s 

Red: 4%H2 Green: 30% steam 

Fig. 11 Hydrogen and steam clouds at the moment when hydrogen release reaches peak value 
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a) b) 

Fig. 12 The volume of sigma clouds 

In order to analyze the characteristics of the hydrogen mixture in the containment, the volume 

of sigma cloud is used in this study. The sigma cloud is a volume of the hydrogen mixture 

with a sigma index larger than one, where the sigma index is defined as an expansion ratio of 

a flammable mixture by a combustion divided by its critical value which is obtained from 

experimental data. (Dorofeev, 1999) Fig. 12 presents the evolution of total sigma volume 

inside the containment in three cases. The peak sigma volume in the spray cases is larger than 

that in the Base Case, and the peak sigma volume in Spray Case B is between that in the Base 

Case and the Spray Case A. It can be concluded that the direct spray phase deteriorate the 



hydrogen risk, while the recirculation spray phase which helps mixing can mitigate the 

hydrogen risk. 

5. CONCLUSION 

The results show that the direct spray is not enough to suppress the temperature and pressure 

increase. After the direct spray, a sharp increase in temperature and pressure can be found, 

which implies the potential of the containment overpressure. Furthermore, the direct spray 

introduces large amount of bulk condensation and also promotes the surface condensation at 

the beginning of the operation, which is beneficial for the depressurization. The heavy 

condensation induced by the direct spray can increase the hydrogen risk. The recirculation 

spray promotes the mixing of atmosphere and introduces bulk evaporation which helps build 

an inertial atmosphere. The hydrogen stratification is diminished by the recirculation spray. 

And the potential of flame acceleration is increased due to the direct spray and mitigated by 

the recirculation spray. The efficiency of recombiner is not essentially affected by the 

depressurization due to the spray. 
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Abstract – This paper presents the CFD modeling methodology and validation for steady-state, 

normal operation in a PWR fuel assembly.  This work is part of a program that is developing a 

CFD methodology for modeling and predicting single-phase and two-phase flow conditions 

downstream of structural grids that have mixing devices.  The purpose of the mixing devices 

(mixing vanes in this case) is to increase turbulence and improve heat transfer characteristics of 

the fuel assembly.  The detailed CFD modeling methodology for single-phase flow conditions in 

PWR fuel assemblies was developed using the STAR-CD CFD code.  This methodology includes 

the details of the computational mesh, the turbulence model used, and the boundary conditions 

applied to the model.  The methodology was developed by benchmarking CFD results versus 

small-scale experiments.  The experiments use PIV to measure the lateral flow field downstream 

of the grid, and thermal testing to determine the heat transfer characteristics of the rods 

downstream of the grid.  The CFD results and experimental data presented in the paper provide 

validation of the single-phase flow modeling methodology.  Two-phase flow CFD models are 

being developed to investigate two-phase conditions in PWR fuel assemblies, and these can be 

presented at a future CFD Workshop. 

 

1.   INTRODUCTION  

 Traditionally, the key thermal performance parameter for Pressurized Water Reactors (PWR) fuel 

has been the critical heat flux (CHF).  This parameter has been defined and used to ensure that the 

nuclear reactor core is operated in a manner that maintains safe operation even during assumed failure 

events.  In recent PWR operation in the United States, several leaking fuel rod events have occurred 

resulting from excessive local crud build up on the fuel rod.  The excessive crud build up occurred 

due to local subcooled boiling during steady-state, normal operation.   With a trend in the US PWR 

plants toward increased power upratings, longer cycles, and higher fuel burnup, understanding the 

local conditions in a PWR fuel assembly has become necessary to minimize the risk of future crud 

leakers in PWR fuel. 

 

 Therefore, both single-phase normal operation and two-phase accident conditions are of interest 

for investigation for PWR cores.  Local subchannel and fuel rod thermal-hydraulic conditions need to 

be obtained and understood.  Thermal-hydraulic testing is important in understanding critical 

parameters, such as CHF.  However, testing can only provide limited information at specific locations 

where the instrumentation is placed.  Computational Fluid Dynamics (CFD) can be used to calculate 

key parameters in the whole modeling domain.  Of course, the complex flow field in a PWR with 

mixing vanes provides a very challenging problem for CFD.  Therefore, a rigorous benchmarking 

effort is needed to ensure that the CFD results obtained are reasonable. 

 

 Two-phase flow is much more complex to measure, model, and understand than single-phase 

flow.  This is especially true in nuclear fuel assemblies which implement mixing vanes on the 

structural grids.  Therefore, it is logical to start with CFD models of single-phase conditions.  Then, 

when the methodology is developed with confidence on single-phase applications, application of 2-

phase conditions can be developed.   Not only does this strategy make sense from the complexity of 

the physics, it also makes sense from a benchmark testing perspective (single-phase testing is much 
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easier and less costly) and CFD modeling perspective (two-phase flow CFD is more sensitive to grid 

quality and requires larger memory and longer computational time). 

 

 This paper presents the Westinghouse CFD methodology to model single-phase, steady-state 

conditions in PWR fuel assemblies.  In support of this, a description of the benchmark testing used to 

qualify the methodology has been provided.  As a validation case, a CFD model of the full lateral 

domain of a 5x5 rod bundle test geometry is discussed, and results are compared against test data.  

Now that this knowledge and experience has been gained, two-phase flow CFD models are being 

developed to investigate two-phase conditions in PWR fuel assemblies.  The methodology and results 

from that effort can be presented at a future CFD Workshop.  

 

2.   PWR CFD METHODOLOGY DEVELOPMENT  

 Westinghouse has been using Computational Fluid Dynamics (CFD) to model the flow 

downstream of grids with mixing vanes in PWR fuel assemblies for over 10 years.  Westinghouse has 

worked closely with CD-adapco (maker of STAR-CD CFD code) to develop a methodology that 

creates CFD models that effectively predict the flow field and heat transfer within a PWR fuel rod 

bundle. 

 

 An initial CFD application was to investigate the crud related fuel failures that occurred in high-

powered 17x17 Westinghouse fuel assemblies at Seabrook Station Nuclear Power Plant.  A two-

subchannel CFD model was created and run.  CFD results show good qualitative results compared to 

Post Irradiation Examinations (PIE); specifically high temperature streaks (in the axial direction) in 

the CFD model were very similar to crud deposit streaks on the actual fuel rods. 

 

 To quantitatively benchmark the CFD results and provide confidence in the detailed results, 

small-scale experiments (i.e., 5x5 rod bundle versus full size 17x17 rod bundle) have been developed.  

To investigate the flow field downstream of mixing vanes, a testing methodology was developed to 

measure the lateral flow field at various elevations downstream of the grid.  Particle Image 

Velocimetry is the technique used in this testing (McClusky, 2002).  To investigate the average heat 

transfer coefficient, a testing methodology was developed to measure the heat transfer coefficient as a 

function of axial distance downstream of the grid (Holloway, 2004).  To investigate the axial streaks 

of high temperature and crud deposition, a testing methodology was developed to investigate the 

azimuthal heat transfer coefficient variation around the fuel rod (Holloway, 2005).  All of this 

benchmark test data was obtained at low temperature and Reynolds number. 

 

 A CFD model was developed to predict some of this benchmark test data.  The mesh, turbulence 

model, computational domain, and boundary conditions were used to improve the CFD prediction 

versus the test data.  The final CFD model showed reasonable agreement versus the test data (Smith, 

2002).  With confidence established between the CFD model methodology and test data, application 

of CFD modeling was extended to PWR conditions, which are at higher temperature and Reynolds 

number versus the benchmark data. 

 

 To improve the heat transfer test data, a test methodology was developed that utilized fully-heated 

rods over the entire axial grid span (Conner, 2005).  All of the rods in the 5x5 test bundle were heated 

over several grid spans to provide the appropriate thermal boundary condition for heat transfer 

measurements.  Air was used as the fluid to reduce the power required to heat the rods.  A specially 

designed thermocouple holder that could be moved axially down the rod bundle and azimuthally 

within a test rod was developed and used in this testing.  This testing methodology was used to 

provide detailed heat transfer data for different mixing vane designs. 

 

 To do comparisons between different mixing vane designs, a larger lateral domain is needed in 

the CFD model.  Test data shows that just downstream of the mixing vanes, the lateral flow field is 

dominated by the vanes and the CFD lateral domain is not important.  However, further downstream 
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of the grid and approaching the next grid, the overall vane pattern and lateral boundary conditions 

have an important effect on the flow within a subchannel.  This is seen in the test data (McClusky, 

2003).  Fortunately, the computing speed of computers and CFD solvers has improved dramatically 

over the last 10 years.  Therefore, transitioning from a two subchannel model to the 36 subchannels 

(5x5 rod bundle) in a test has become achievable.  Therefore, a direct comparison can be made 

between the CFD model results and the experimental results of the same lateral geometry. 

 

 As can we seen above, the CFD methodology has evolved over time with an iterative process.  An 

example of a step in the CFD methodology development is as follows:  

• A CFD model is created based on the best known modeling practices and/or results of 

comparison with benchmark data.   

• Results of the CFD model show a new hydraulic or thermal characteristic of the rod 

bundle that needs validation.    

• A new experiment is developed to investigate the new characteristic. 

• The new test data quantifies the hydraulic/thermal characteristic. 

• If the CFD prediction does not predict the new test data well, the CFD modeling 

methodology is improved so that it captures the characteristic adequately. 

 

 The paper shows the test data and CFD results for a 5x5 rod bundle test.  Comparison of the data 

and predictions provides validation of the single-phase flow CFD modeling methodology that was 

developed using the benchmark data described above.  

 

3.   MIXING VANE GRID VALIDATION CASE  

 To demonstrate the CFD methodology, a validation case of a 5x5 rod bundle is presented in this 

paper.  The 5x5 rod bundle uses a concept grid (neither the mixing vane design nor the grid strap 

design is used in actual PWR fuel assemblies).  This concept grid provides similar flow field and heat 

transfer characteristics as actual PWR grid designs.  Therefore, this concept grid provides a good 

validation case. 

 

 The 5x5 rod bundle evaluated in the validation case is representative of a 17x17 fuel assembly 

design.  The rod bundle pitch (12.6 mm), rod diameter (9.5 mm), and grid features are identical to a 

17x17 fuel assembly.  The only reduction in scale is in the overall 5x5 array versus a 17x17 array.  

The 5x5 rod bundle does not contain any thimble tubes, so it has 25 simulated fuel rods.  The concept 

grid used in this validation case is shown in Figure 1.   

 

 

 

Fig. 1:  5x5 Concept Grid used as CFD Validation Case. 
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 The 5x5 concept grid and associated rod bundle were modelled in CFD.  Modelling of the entire 

lateral domain has the advantage of allowing direct comparison between the CFD model results and 

experimental results of the same geometry.  The CFD model is described in Section 4.  Experimental 

data was obtained from a 5x5 test bundle which used this concept grid design.  Data from this testing 

is described in Section 5.  Comparison of the CFD results and the test data is provided in Section 6. 

 

 Benchmark data from the experiments were obtained at low temperature and Reynolds number.  

In contrast, the CFD evaluation was run at in-core conditions so that heat flux values could be used 

that are typical of PWRs.  This results in a large difference in the Reynolds number from the testing 

versus the CFD results.  Impacts of this Reynolds number difference are discussed as part of the data 

comparison. 

 

 

4.   CFD ANALYSIS  

 The CD-adapco code STAR-CD has been the primary CFD platform for investigation of single-

phase flow and heat transfer in PWR fuel rod bundles at Westinghouse.  Westinghouse has used the 

three leading general purpose commercial CFD codes (STAR-CD, Fluent, and CFX) in PWR rod 

bundle modeling (Liu, 2005).  Based on extensive benchmarking of CFD results, experience with 

various sized rod bundle arrays (i.e, 2-subchannel, 5x5 rod array, etc.), and a successful partnership 

with CD-adapco, Westinghouse has developed a CFD methodology for fuel rod bundle modeling that 

uses the STAR-CD code.  The STAR-CD code generates high quality grids and contains accurate 

numeral schemes and turbulence models which lead to good results versus benchmark test data. 

 

 The CFD methodology used in single-phase flow and heat transfer modeling in PWRs is 

discussed in this section.  The specific 5x5 rod bundle CFD model discussed in this section is used in 

the validation case described in Section 3.  The conditions for this CFD evaluation are in-core 

conditions at an average axial velocity of 5.7 m/s.   

 

 
 

 Fig. 2:  Trimmed hexahedral mesh detail near the upper section of the spacer. 

 

4.1  Mesh Generation 

 The model of one span length of a 5x5 nuclear fuel rod bundle, including the very complex grid 

spacer and mixing vane area, has been created using the pre-processing capabilities of the code 

STAR-CD. The software allows generating a high quality, predominantly hexahedral, unstructured 

grid; Figure 2 shows a representative detail of the mesh in region of the spacer surrounding one fuel 
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rod. The core region is composed of uniform cubic hex cells, the grid is consistently refined in 

proximity to all walls, and a multi layer of body fitted hex cells is adopted in the near wall region and 

connected to the core grid with the use of trimmed transition elements. 

 

 The adopted meshing approach allows placing a sufficient number of computational points 

efficiently, even in complex regions such as the springs of the fuel spacer, as shown in Figure 3, and 

to maintain the turbulence model wall treatment requirements as a result of the precise location of 

near wall cells. In order to further reduce the number of necessary grid points, while cubic hex cells 

are adopted in the spacer region, elongated hex elements are used further away, as represented in 

Figure 4 where both the stretching, preceding and following the spacer, are presented.   

 

  

 
 

Fig. 3:  Mesh detail in the spacer spring region. 

 

 

Flow

 
 

Fig. 4:  Mesh section showing the axial stretching away from the spacer region. 
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 The use of flow aligned cubic hex cells has the clear advantage of guaranteeing the grid quality, 

and eliminating aspect ratio and skeweness issues typical of tetrahedral meshes.  Furthermore this 

approach guarantees the consistency of the grid refinement study.  In the present work the absolute 

sizing of the computational cells has been derived from previous mesh convergence studies on a 

reduced 2x1 rods configuration, where they have demonstrated the ability of accurately capturing the 

average and local flow and thermal fields.  The total size of the mesh is about 20 Million cells.  

 

 

4.2  Discretization Practices and Turbulence Modelling 

 The numerical method of the STAR-CD code is based on a finite volume approach on 

unstructured grids. STAR-CD provides a large variety of differencing schemes for both temporal and 

spatial discretization of the momentum and energy equations, which can be used to solve 3D steady 

and transient problems; in this work steady state calculations have been performed by entirely 

dispensing with the temporal derivatives and iterating to the steady state with the help of under-

relaxation.  

 

  As is well known, the discretization practices, together with the discussed grid quality, require 

special attention in order to guarantee the independency and accuracy of the results. The adopted 

second order discretization for momentum and turbulence quantities with a first order discretization 

for the temperature field, in combination with the high quality trimmed mesh, has demonstrated its 

validity in a large series of benchmarks, and in the present work has been further validated in separate 

analyses, confirming the ability to accurately capture the average and local peaks in heat transfer (Liu, 

2005).      

 The applicability of turbulence models to the simulation of fuel rod bundles has been tested and 

validated by Westinghouse in their extensive research (Smith, 2002), and the renormalization group 

(RNG) k-ε model (Yakhot, 1992) had been found to produce the closest agreement with available 

experimental data.  The improvement in the prediction obtained with the RNG model is assumed to be 

related to the somewhat inherited sensitivity to curvature and rotation contained in its turbulence 

dissipation rate equation. The model is applied in conjunction with a law-of-the-wall where the 

discussed boundary fitted grid construction near the walls, with local control of mesh thickness, 

results in Y+ values for the first computational points between 40 and 100. 

4.3  Computation Domain and Boundary Conditions 

 The optimal mesh construction and efficient parallel solution performances of the CFD code have 

allowed modelling a complete one span region of a 5x5 bundle configuration; the capability of 

extending the simulation domain to a 5x5 bundle carries the significant advantage of being able to 

directly link the results with the hydraulic and heat transfer test performance. The steady state 

simulations of the discussed 20 million cells mesh have required 18 hours of computation to reach full 

convergence, using 14 Opteron 2.0 GHz CPUs in a LINUX cluster. 

 

 Since only one span of the whole assembly is represented in the CFD model, some assumptions 

need to be made in regard to the boundary conditions. In order to correctly reproduce the experimental 

setup, on the reduced computational model, consecutive calculation would need to be performed in 

which the outlet results of a calculation is mapped as inlet for the following run, (partial cyclic 

boundary conditions could also be used to model an infinite series of spacers). Previous experience 

has shown that the highly turbulent conditions and the strong influence of the spacer geometry allow 

adopting a simpler Inlet/Outlet configuration, producing almost identical prediction as a partial cyclic 

boundary condition in the region of interest, i.e. past the spacer grid. A schematic of the model and 

location of the boundaries and reference frames is shown in Figure 5. 

 

 Uniform inlet velocity and temperature profiles have therefore been applied at the inlet plane, 

which is located 10 hydraulic diameters upstream of the mixing grid, a flow split boundary condition 
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is applied at the outlet and no-slip conditions are used for the fuel rods, spacer geometry, and walls of 

the flow housing.  Regarding the thermal boundary conditions, a rod-by-rod heat flux distribution is 

adopted. Azimuthally uniform heat flux is imposed in the calculations so that variations in the HTC 

will only be related to the flow, and furthermore the heat flux is imposed directly to the fluid so that 

conduction through the fuel rod is neglected, emphasizing the local flow effects on the rod surface 

temperature distribution (as previously shown by Liu, 2005). 

 

Spacer

y

x

Inlet         

Flow

Outlet

y = 0

 
 

Fig. 5:  Modelled 1 span flow domain. 

 

5.   TEST DATA  

 The 5x5 rod bundle with the concept grid design was tested using the experimental techniques 

introduced in Section 2.  Each of the experimental techniques used a 5x5 rod bundle array like the 

sketch shown in Figure 6.  

 

 

 

 
 

 

Fig. 6:  Sketch of 5x5 Test Bundle 

(AA = Azimuthal Angle)   

 

 

 All of the experimental test data discussed in this paper was obtained at low temperature and 

Reynolds number.  For the data described in Sections 5.1, 5.2, and 5.3, water was used as the coolant.  

For Section 5.4, air was used. 

 

5.1  Experiment to Measure Lateral Flow Field Velocity 

 The experimental methodology to measure the lateral flow field velocities is described in this 

section.  Particle Image Velocimetry (PIV) is the technique used.  This technique is described in detail 

by McClusky (2002).  PIV measurements require illumination of particles in the flow field (water at 

ambient conditions) using a laser, and image capture using an optical borescope attached to a camera 

FLOW DIRECTION 

RODS 
CONDITIONING GRIDS TEST GRID 

AA  
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that transmits the data to a computer for post-processing.  Figure 7 provides a sketch of PIV 

experimental setup.  To allow optical access of the laser sheet into the subchannel of interest, a 

transparent Lexan housing and hybrid zircaloy/quartz rods were used.  Two pulses of laser light, 

separated by a known amount of time, illuminate the particles.  To capture an image of the particle 

positions for each laser pulse, a borescope extends into the flow field from downstream of the 

measurement plane so as to not interfere with the flow field being measured.  The image pair is 

analyzed in small interrogation regions to determine an average velocity vector for that region. 

 

 The PIV data is typically taken at an axial velocity of 2.45 m/sec.  The laser sheet and the 

borescope are positioned at different axial locations downstream of the grid so that the lateral velocity 

development and decay downstream of a grid with mixing vanes can be measured.  Each image pair 

represents an instantaneous velocity field.  A conservative estimate of the uncertainty in the 

magnitude of each velocity vector is estimated as ±6%.  Multiple velocity fields are averaged to 

obtain the time-averaged velocity vector fields.  This time-averaged velocity vector field is compared 

against the velocity results from steady-state CFD simulations. 

 

 
 

Fig 7:  Sketch of PIV Measurement in a Rod Bundle 

 

5.2  Experiment to Measure Average Heat Transfer 

 The experimental methodology to measure the heat transfer coefficient as a function of axial 

distance downstream of the grid (in ambient water flow) is described in detail by Holloway (2004).  

This methodology involves replacing a short axial distance of the rod (28.6 mm long) with a sensor.  

The sensor contains four embedded thermocouples and is heated with a concentrically inserted 

cartridge heater.  The entire rod can be moved axially, repositioning the sensor at different axial 

elevations downstream of a grid.  This experiment provides a challenging benchmark for CFD in that 

this sensor creates a localized region of thermally developing flow.  The hydraulic boundary, on the 

other hand, changes at each axial measurement location, with many elevations being in essentially 

hydraulically fully developed flow.  This benchmark has been performed using this CFD modeling 

methodology (Liu, 2004) and will not be repeated in this paper, especially since the CFD model has 

fully heated rods. 

 

5.3  Experiment to Measure the Azimuthal Heat Transfer Variation  

 The experimental methodology to measure the azimuthal heat transfer coefficient variation 

around the fuel rod (in ambient water flow) is described in detail by Holloway (2005).  An azimuthal 
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heat transfer probe was developed for this experiment.  The probe is a thin film sensor, 28.6 mm long, 

which is flush mounted on a polycarbonate holder that has the same outer diameter as the test rods 

(9.5 mm).  The holder replaces a short axial distance of the rod, similar to the average heat transfer 

sensor discussed in Section 5.2.  The film, which takes up 20 degrees of the circumference of the 

holder, is operated as a resistance heater, and a thermocouple is mounted in the holder beneath the 

film.  The holder can be rotated to position the film sensor in different azimuthal locations, and the 

whole rod can be moved axially to position the probe at different axial elevations.  The uncertainty of 

the azimuthal variation in Nusselt number from this methodology is ±4%.   

 

5.4  Experiment to Measure Heat Transfer in Fully-Heated Rod Bundle 

 The experimental methodology to improve the heat transfer test data by utilizing fully-heated rods 

over the entire axial grid span is described in this section.  This technique is discussed in detail by 

Holloway (2008).  This experiment uses air at ambient temperature as the inlet boundary condition for 

the testing.  As noted in Conner (2007), the different Reynolds number between air at ambient 

temperature and water at in-core conditions results is different axial decay characteristics of the 

average heat transfer.  However, the relative difference in average heat transfer coefficient between 

different grid designs can be measured using this test.  Additionally, the azimuthal heat transfer 

variation at a specific elevation is consistent with prior testing described in Section 5.3 (Conner, 

2005).  The advantage of this testing methodology versus the average heat transfer testing in Section 

5.2 is that the thermal boundary layer is driven by the flow field and not impacted by a short heated 

region attached to an unheated rod. 
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  Fig. 9:  Photograph of Thermocouple 
 Fig. 8:  Schematic of Air Test Facility Holder in Air Test Facility 

 

 A schematic of the air heat transfer test facility is provided in Figure 8.  The same test grid can be 

used in this testing as in the water testing described in Sections 5.1, 5.2, and 5.3.  The test rods are 

different since the rod bundle is electrically heated over 1041 mm.  Inconel 625 is used as the 

cladding in the heated length due to its high electrical resistance.  The hollow cavity of the rods allows 

room for instrumentation to be inserted inside the tube for temperature measurements.  A 

thermocouple holder design has been created for this experiment (a picture is provided in Figure 9).  
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Four thermocouples, separated by 90 degrees, are attached to springs that press against the ID of the 

rod wall.  The springs are designed in such a way that the entire thermocouple holder can be moved 

axially and rotated azimuthally to measure the entire rod ID surface between two grids.  The 

uncertainty in Nusselt number from this methodology is ±8.4%. 

 

 

6.   COMPARISON OF CFD RESULTS AND TEST DATA  

 To validate the single-phase CFD methodology described in Section 4, detailed comparisons are 

made between the CFD model results and the experimental data.  As noted in Smith (2002), average 

parameters such as pressure drop across a 500 mm axial rod bundle span (including a grid) and 

average turbulent intensity have been compared in prior models showing good agreement between 

CFD and test data.  For this paper, local comparisons of lateral flow field and heat transfer will be 

provided. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

  PIV Experiment CFD Results 

 

 Fig. 10:  Lateral Velocity Vector Comparison at 50 mm Downstream of the Grid 

 

6.1  Comparison of Lateral Flow Field Velocity 

 The lateral flow field at specific elevations was compared between the CFD simulation, at in-core 

conditions, and the PIV test data, which is at room temperature.  Prior studies have shown the flow 

structures are independent of temperature and Reynolds number (Conner, 2005).  In this validation 

case, the CFD code predicts very similar flow field structures as the test data.  Of course the lateral 
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velocity magnitude is directly related to the axial velocity so the magnitude of lateral velocity does 

not match.  Figure 10 shows a comparison between the PIV data and CFD results at an elevation of 50 

mm above the top of the grid strap.  The subchannels shown are to the NW and SW of the center rod 

in the 5x5 array.  Note that the vector density is much higher in the CFD case than the PIV data giving 

an obvious visual difference in Figure 10.  Figure 10 does show that the CFD code predicts the same 

lateral flow structure as the test data:  two vortices in the subchannel center, same vortex rotation, 

same rod swirling flow, same inter-assembly flow direction in gap.  At other elevations, the axial 

development and decay of the vortices is also predicted well by the CFD simulation.  

 

6.2  Comparison of Heat Transfer Data 

 Heat transfer coefficients were compared for the CFD simulation, at in-core conditions, and the 

air test heat transfer data, which is at room temperature.  As noted in Section 5.4, the axial decay rate 

between the air heat transfer test and the CFD simulation of PWR conditions are not the same.  This is 

due to the much lower Reynolds number of the air heat transfer test.  Despite this difference in the 

physics of the axial heat transfer decay, there are relative heat transfer experimental results that can be 

used to validate the CFD simulation. 

 

 The azimuthal variation of heat transfer around the center rod in the 5x5 rod bundle was measured 

in the air heat transfer experiment.  As stated in Section 5.4, the azimuthal heat transfer variation 

obtained from the air heat transfer test is consistent with the azimuthal variation obtained in the water 

heat transfer test using the methodology of Section 5.3.  For the concept grid, the azimuthal heat 

transfer variation is compared against results from the CFD simulation in Figure 11.  The data plotted 

in Figure 11 is variation of the axial average heat transfer coefficient as a function of azimuthal 

location around the center rod in the 5x5.  This figure shows that the CFD simulation predicts the 

same kind of heat transfer variation as is measured in the test; the areas of increased heat transfer 

occur in the same azimuthal location for the experiment and the CFD simulation.  This is also true of 

the areas of reduced heat transfer.  The relative magnitudes between the experiment and the CFD 

simulation are not the same, but that is to be expected based on the different axial decay sensitivity of 

the air heat transfer test relative to water.  This close prediction of the complex azimuthal heat transfer 

characteristic gives further validation that the CFD model is predicting the actual flow and heat 

transfer downstream of the grid. 
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Fig. 11:  Comparison of Azimuthal Heat Transfer Variation Downstream of the Grid 

 

7.   CONCLUSIONS  

 This paper has presented the CFD methodology that Westinghouse has developed to model 

single-phase, normal operation in a PWR core using the STAR-CD code.  This paper has also 

described the benchmark experiments used to validate the CFD methodology.  Finally, this paper 
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presented a specific 5x5 rod bundle CFD model and showed how the results of the CFD simulation 

match the test data, thus validating the CFD methodology. 

 

 This methodology has evolved over time with an iterative process.  Typically, each iteration in the 

methodology has resulted in a larger CFD model (domain and/or mesh quantity).  Fortunately, the 

computational capability (computer speed, CFD code solving speed) has continued to improve over 

time allowing for larger models.   

 

 The experimental data used to benchmark the single-phase methodology is based on low 

temperature and low Reynolds number conditions.  Understanding of how this data can be applied to 

CFD predictions of in-core conditions (high temperature, high Reynolds number) is important in 

determining if the CFD model is successfully validated by the test data.  This understanding can be 

gained by modeling the identical test conditions, including temperature and flow, in the CFD model.  

The lower Reynolds number in the test requires a different surface mesh to provide the correct range 

of Y+ values in the CFD model.  Westinghouse has performed rod bundle benchmarking of low 

Reynolds number test data in this manner (Liu, 2004).   

 

 Westinghouse has begun development of a two-phase CFD modeling methodology.  One of the 

initial tasks that has been performed is to model benchmark cases (non rod bundle geometry) of two-

phase flow to understand how the commercial CFD codes (i.e., like STAR-CD) predict these simple 

geometries and flow fields.  This mirrors what was done in the development of the single-phase 

methodology (Liu, 2004).  Additionally, rod bundle cases have been modelled and run.  After the two-

phase flow CFD methodology is established, Westinghouse can present this methodology at a future 

CFD workshop. 
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Abstract 
 
The coolant mixing in the head part of a fuel assembly of a VVER reactor has been experimentally 
investigated by particle image velocimetry (PIV). By measuring the whole flow field velocity and 
temperature distribution the relation between the value produced by the point-based thermocouple 
measuring the outlet temperature of the coolant and the subchannel outlet temperatures can be 
established. After performance verification of the system by simple tests, the main experiments have 
been carried out on a 1:1 size (vertically only 1m long) model of the VVER-440/213 fuel assembly. 
The two-dimensional PIV velocity vector field results around the core exit thermocouple are 
highlighted in the paper. The measurements of the turbulent flow of coolant in the regular tube 
channel around the thermocouple proved that there is rotation and asymmetry in the coolant flow 
caused by the mixing grid, and the geometrical asymmetry of the fuel bundle. The fuel assembly 
model will also be used for whole flow field temperature distribution measurements by laser induced 
fluorescence (LIF), and the final aim is to validate CFD analysis for the head part of the fuel bundle.  

 
 

 
1. INTRODUCTION 
 
The calculated core exit temperature in Paks NPP is determined conservatively, without taking into 
account any mixing. The measured values by the thermocouples mounted in the fuel bundle heads – 
which supply important information for the limitation of the reactor core power – and the average 
outlet temperatures of the coolant may differ as a consequence of incomplete mixing. Several CFD 
calculations have been preformed (e.g. Tóth and Aszódi, 2007) and also experimental equipment has 
been built (Kobzar and Oleksyuk, 2006) to investigate the mixing in the fuel assembly head and for 
validation of the CFD calculations by the comparison of measurement data. In our laboratory a full 
scale (vertically 1m long) model of the VVER-440/213 fuel assembly was constructed for the 
investigation of mixing of subchannel flows with different temperatures and for supplying data for 
CFD validation. Laser optical measurements were chosen to obtain velocity and temperature 
distribution by particle image velocimetry (PIV) and laser induced fluorescence (LIF). It is an  
advantage of PIV and LIF that whole flow field velocity and temperature distributions can be obtained 
in a non-intrusive manner in contrast with conventional techniques applied for similar experiments 
cited above. 
 
In the course of preliminary laser optical measurements – detailed description can be found in an 
earlier paper (Tar et al., 2006) – simple models representing a part of the fuel bundle were examined. 
In this paper the first part of the research project investigating the coolant mixing in the fuel bundle 
head is reported, which covers velocity distribution results obtained by PIV. The aim of the 
measurements is to establish an experimental database, as well as the validation of CFD calculations. 
However, this paper only discusses PIV velocity field results . The laser optical experiments are being 
continued by whole flow field temperature measurements with the use of the laser induced 
fluorescence (LIF) technique. 
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2. METHODS 
 
2.1. The fuel bundle model 

 
The fuel bundle model was built with the use of some original parts. A schematic drawing of the fuel 
bundle and the assembly head model can be seen in Fig.1. As in the plant, the fuel rods are surrounded 
by a hexagonal shroud and at the entrance to the upper head a mixing grid is placed. Downstream of 
the mixing grid the hexagonal (flow) geometry changes to a cylindrical one. At the following part 
there are two pins, which originally serve for the lifting of the bundle from the reactor core. The upper 
part following this level comprises the catcher (for fitting the bundles to the core exit channel in the 
reactor) and the core exit thermocouple. Both have a mixing effect to the coolant flow. 
 

 
 

Figure 3: The fuel 
assembly model 

 
 
 
 
Figure 1: Construction drawing of the fuel 
bundle model; fuel rods (1), hexagonal shroud 
(2), mixing grid (3), the hexagonal geometry 
changes to cylindrical (4), lifting pins (5), catcher 
(6), in core thermocouple (7)  

 
Figure 2: Top view of the mixing grid (3) and 

the catcher (6) 
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In Figs. 2 and 3 the top view of the mixing grid with the catcher and the fuel assembly model can be 
seen, respectively. The following parts of the model were made of glass and PMMA (plexiglas) in 
order to be transparent for the laser beam (green zones in Fig.1): 
− The 200 mm long tube part, comprising the outlet thermocouple. The coolant stream conditions 

(velocity and temperature distributions) around the thermocouple housing can be investigated 
here. 

− The tube part before the catcher is 40 mm long, it comprises the two lifting pins, which also have 
an influence on the velocity distributions. 

− At the hexagonal part of the fuel bundle three measuring windows were created with a 120° 
symmetry, where the velocity and temperature distribution of the coolant leaving the fuel rods can 
be measured. 

− The window on the top of the model enables recording the flow distribution in the cross section 
area, i.e. measuring the velocities in the horizontal plane.  

In Figs. 4 and 5 a photo of the hydraulic loop, and that of the test section along with the PIV system 
are shown. 
 
 
2.2. Overview of the PIV system and the measuring parameters 
 
Characteristics of the system are described in detail in an earlier paper (Tar, 2006), here only the main 
PIV parameters are summarised as they were typically adjusted for the measurements. The energy of 
the Nd YAG laser was set to 20% of the maximum 50 mJ, the diameter of the polyamide seeding 
particles were 20 µm, the typical interrogation area size was 16×16 pixel, and cross correlation was 
used for the calculation (Dantec, 2000). The time between the two laser impulses (∆t, resulting in two 
particle images) was set to 100 µs. The time averaged velocity field results reported in the following 
sub-sections have been obtained by recording 500 frame pairs at 2 Hz frequency. 
 

 
 

 

Figure 4: The hydraulic loop and the fuel bundle 
model 

Figure 5: The test section and the PIV system  
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3. RESULTS 
 
3.1. Results of the measurements 
 
The main question to be answered by the measurement is, whether the flow is perfectly mixed or not 
around the core exit thermocouple. The measurements were carried out at four axial levels, where the 
transparent windows are placed (Fig. 1).  
 
Figure 6 shows the measurement setup and the time averaged velocity field between the top of the fuel 
rods and the mixing grid. The scaling factor for the absolute velocity values was calibrated to the 
central tube of 10.3 mm diameter. In this case the laser beam and the axis of the camera were not at 
90°, but at an angle of 120°, as a result, the image recorded are distorted due to the perspective. 
Images were dewarped with an imaging model fit (camera calibration) describing the distortion 
(Dantec, 2000). At a flow rate of 90 m3/h the average lengths of the velocity vectors in this flow field 
were between 0.5 and 2.5 m/s. This proved to be the lowest local velocity in the flow of the whole 
model. Higher velocity plumes can be observed at the lower part of the image, at the fuel subchannel 
outlets. Regarding the upper part of the image, the effect of the mixing grid to the flow field can be 
clearly discovered, as the measured area extended to the mixing grid. 

 

 
Figure 6: Measuring setup and time averaged velocity field between the top of the fuel rods and the 

mixing grid 
 
In Fig. 7 the measuring setup and the time averaged velocity field in the area below the catcher can be 
seen. In this part there are two pins, which in the real fuel bundle serve for the lifting of the assemblies 
– in the model they were made of PMMA as the cylindrical tube part. For the absolute velocity 
calibration a ruler was placed to the measurement plane. The lengths of the velocity vectors in this 
field at 90 m3/h flow rate were between 2 and 4.5 m/s, but in the vicinity of the catcher some higher 
velocity plumes were observed, exceeding 5 m/s. This proved to be the highest velocity regarding the 
flow filed of the whole model. The influence of the mixing grid to the flow field can be also clearly 
discovered around the tube centreline. Around the central part of the mixing grid there is no path for 
the flow; it changes the upstream flow distribution, causing a low velocity region in the middle of the 
channel.  
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Figure 7: Measuring setup and time averaged velocity field below the catcher 

 
 
For the measurements of the cylindrical tube part (core exit channel, Fig. 8) the scaling factor for the 
absolute velocities was calibrated to the 8.5 mm diameter tube part of the thermocouple, which appears 
on the particle image recordings. The vertical components of the maximum velocities are around 4 m/s 
at 90 m3/h flow rate. The local influence of the thermometer on the time averaged velocity field can be 
clearly discovered (Fig. 8.a). On the time averaged vector map of the lower part of the tube (Fig.8.b) a 
low velocity region can be observed at the sides, which is getting narrower in the upper region; this is 
the influence of the catcher. An instantaneous velocity vector map measured at the lower region is also 
shown (Fig.8.c). The instantaneous distribution displays the fluctuations of the turbulent flow – on the 
vector map vortexes and plumes can be seen which disappear in the time averaged case. The chaotic 
instantaneous distribution is the consequence of the flow mixing effect of the mixing grid and the 
catcher. 
 
The vertical velocity distribution and the time averaged stress terms measured in horizontal profiles of 
the cylindrical tube part at the elevation of 36 mm on the vector map of Fig. 8.b can be seen in Fig. 9. 
On the time averaged stress diagrams u means the vertical, v means the horizontal velocity 
components. Both the velocity and the stress distributions show the typical form for turbulent tube 
flows. Some asymmetry can be observed, which can be explained by the swirling flow caused by the 
mixing grid.. This aspect will be investigated in more detail during the course of following 
measurements, when velocity and temperature distributions will be measured in the horizontal plane 
through the measuring window on the top of the model (Fig.1). 
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Figure 8: Measuring setup and time-averaged velocity vector map around the lower part of the 

thermometer (a), and at the lower part of the cylindrical tube part (b), and instantaneous 
velocity vector map (c),  v[m/s], Q=90 m3/h 
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Figure 9: Vertical velocity magnitudes, standard deviations, and time averaged stress terms measured 

in horizontal profiles of the cylindrical tube part. (Measured at 36 mm level on vector map 
showed on Fig. 8.b; u means the vertical, v means the horizontal velocity components.) 

 
3.2. Discussion of the accuracy and the uncertainties 
 
A detailed general description of the image evaluation methods for PIV and of post-processing of PIV 
data can be found for example in the work of Raffel (1996). Below the data processing and post 
processing are looked over only in the case of our installed PIV system.  
 
Three main steps have been applied for the post processing of our measured PIV data: validation, time 
averaging, and space averaging. PIV is an instantaneous measurement technique; all spatial 
information is sampled at the same time so there will be some regions where there is really no 
meaningful input and incorrect vectors can occur (Dantec, 2000). In the case of our reported results 
peak height and velocity range validation have been carried out. Peak height validation validates or 
rejects individual vectors based on the values of the peak heights in the correlation plane where the 
vector displacement has been measured. Velocity-range validation rejects vectors, which are outside a 
certain range (Dantec, 2000). The next step of the post processing has been the time averaging of the 
set of our acquired data. The time averaging has been realized by calculating mean velocity vector 
maps. The standard deviations for each velocity components have been also calculated; they are shown 
on Fig.9 as the uncertainties of the velocity profiles. According the diagrams the magnitude of the 
vertical velocity fluctuations are lower around the centreline of the tube and higher at the sides at all 
the three flow rates. The final step of post processing is the filtering vector maps by arithmetic 
averaging over vector neighbours. Inside the averaging area the individual vectors are smoothed out by 
the average vector. 
 
In earlier papers (Tar, 2006) basic measurements were reported for the assessment of the accuracy and 
limits of producing velocity vector maps by measuring with the installed PIV system. In the course of 
the simple, commencing measurements by comparing the results with integrated measured values it 
was found, that the relative uncertainty of the space and time filtered data of the velocity vector fields 
was about 5 %. This uncertainty includes the systematic error which source is the determination of the 
absolute velocities by measuring the scaling factors.  
 
The vibration of the hydraulic loop cannot be avoided due to the relatively high flow velocities. The 
vibration is detectable on the particle images. By choosing correctly the interrogation areas, the effect 
of the vibration can be corrected on the time averaged vector maps. In the case of the measurements 
the ∆t (time between the two laser impulses, resulting in two particle images) was set to 100 µs, and 
the frequency of recording image pairs (vector maps) was 250 ms. It is possible to check a set of image 
pairs, and mark a fix point of the tube (for example its side) on the image, and notice whether the 
displacement of the fix point caused by the vibration is smaller or bigger than the size of the 
interrogation area. By choosing the interrogation area size big enough, the displacement will not 
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exceed its size. The result vector produced by one particle image pair can be interpreted as a spatial 
average within one interrogation area. By calculating the time averaged vector maps the vectors 
belonging to the same interrogation area position are averaged in time. 
 
The relative uncertainty of the induction flow meter installed in the main line of the loop with the 
range of 6.4-160 m3/h was < 1.5 % within the applied 50-90 m3/h range. Out of this ± 0.5 % can be 
assigned to the conversion of the flow velocity to electric signal. 
 
 
4. CONCLUSION 
 
The whole flow field velocity vector map results obtained by PIV measurements compose the first part 
of the experimental database of the laser optical measurements carried out to investigate the coolant 
flow mixing in the head part of a fuel assembly model. The velocity fields were measured at three 
horizontal levels of the bundle; at the regions of the transparent windows according to Fig. 1. At the 
region where the coolant has just left the fuel rods, higher velocity plumes can be observed; indicating 
the influence of the subchannels (Fig. 6). The first element in the channel which causes relevant 
mixing of the flow is the mixing grid. Around the central part of the mixing grid there is no path for 
the flow; it changes the upstream flow distribution, causing a low velocity region in the middle of the 
channel. This low velocity region can also be detected downstream of the mixing grid (Fig. 7).. At this 
elevation the influence of the lifting pins and the catcher determines the flow distribution. The catcher 
produces higher velocity stream lines; this element is also an important mixing tool like the mixing 
grid. The catcher also narrows down the stream channel slightly; its effect can be seen on the velocity 
vector map at the cylindrical tube part (core exit channel, Fig 8.b) as lower velocity regions at the 
channel wall. Further downstream, near the thermocouple housing the thickness of the lower velocity 
region is decreasing as a turbulent velocity profile develops (Fig. 8.a). The thermocouple is in the 
middle of the channel in the highest velocity region. By this elevation the mixing grid, the catcher and 
the lifting pins have assured sufficient homogenisation of the coolant flow regarding velocity 
distribution; consequently there is no detectable trace of the high velocity plumes observed at the 
subchannel outlets. These velocity distribution measurements by PIV will be completed by 
temperature distribution results measured by LIF, which will allow complex analysis of the coolant 
mixing. 
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Abstract 

Within the framework of calculations of VVER accident scenarios several steam generator (SG) models 

for the SOCRAT integral code and the STAR CD code were developed at Nuclear Safety Institute of the 

Russian Academy of Science (IBRAE RAS). Cross-verification of the coolant flow over SG primary 

circuit was performed between these codes under rated operating conditions. The agreement of coolant 

velocities in tubes may be deemed as good, taking into account a large difference in the degree of 

nodalization of heat-exchanging tubes and collectors. Velocity field found by STAR CD calculations 

makes it possible to reduce the uncertainties of SG model built in the SOCRAT code.  

The developed SG model for the SOCRAT code may be considered as acceptable for calculations of rated 

conditions. With respect to accident scenarios, the validation of one-dimensional models requires, in the 

strict sense, additional three-dimensional calculations of two-phase mixture and superheated steam flow, 

coupled to heat exchange with secondary circuit water. Such a development of three-dimensional SG 

model is planned for the next phases of work. 

 

1.   INTRODUCTION 
 

The acting NPP safety standards postulate the need for reducing the conservatism in calculation methods, 

especially while analyzing beyond-design-basis accidents (BDBA). This requirement implies the need for 

developing finer models, which take into account both the real geometry of structures and the related 

specific processes. 

The system one-dimensional codes (such as RELAP, ATHLET or CATHARE) are traditionally used to 

model the reactor transients and accidents. But there are issues where their capabilities are insufficient for 

an adequate simulation of all processes in a specific geometry of nuclear installations. For instance, the 

spatial distribution of parameters is substantially three-dimensional in some structures (such as lower and 

upper plenum, reactor vessel downcomer, core, containment volume etc.), which makes it necessary to 

use three-dimensional fine mesh models. Such models are successfully implemented in commercial CFD 

codes, which became a reliable tool of analysis in different industries. But as they are very resource 

expensive from the computational standpoint, their use for system analysis of nuclear installations is 

limited. 

System codes are much more suitable for integral modeling of nuclear installation transients, and they 

still remain a basic tool for nuclear safety analysis. The use of CFD codes is recommended when a more 

detailed analysis of processes and events is needed in some local area, or when the investigated scenario 

is impossible for analysis with system code, due to its specific limits. The coupled use of system and CFD 

codes would possibly solve the problem, reducing conservatism and uncertainties of calculations and 

keeping computational costs at reasonable levels. However, the coupled use of system and CFD codes 

requires the solution of some specific problems, such as codes interfacing (Mahaffy, 2007). To give an 

example of R&D work in that domain, a project NEPTUNE developed by CEA/EDF aims at coupling 

different scale (system, component and CFD) thermal-hydraulics models in one multi-scale software 

platform for advanced two-phase flow calculations (Guelfi, 2005, 2007; Bestion, 2005). In particular, the 

investigations concern the coupling techniques and functionality.  

 

An alternative way of system and CFD coupled use is cross-verification. The international experience of 

system codes use for analysis of different processes typical for nuclear installations reveals that the 

accuracy of calculations heavily depends on nodalization scheme and finally, on user skills (Allelein et 

al., 2007). Yet the direct experiments for complex geometry objects are often impossible, particularly as 

applied to accidents. That makes the verification studies very difficult and does not allow assessing if the 

model built in system code is correct. The cross-verification of CFD and system codes helps examining if 

the model is correctly built.  
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The highest possible accuracy of predicted physical-parameter fields in simulated components allows 

identifying the field peculiarities and taking them into account in one-dimensional models. Thus, the 

coupled use of one-dimensional system and three-dimensional CFD codes in form of cross-verification 

refines the system models (nodalization schemes) and keeps acceptable computational speed. 

 

One should notice that the CFD models, when applied to specific problems of nuclear safety, still need a 

significant improvement. The modeling of such processes as water-steam mixture flow, heat and mass 

transfer between phases, noncondensable gases and aerosols behavior in coolant, counter-current flow etc. 

(Scheuerer, 2005) is not adequate enough. The main attention should be paid to modeling of components 

important for safety. Steam generator is one of these components, and all the mentioned processes are 

typical for its operation in rated conditions and accidents. 

This article presents an example of a coupled use of system and CDF codes. The considered issue is the 

one-phase coolant flow in collectors and heat-exchanging tubes of VVER SG (PGV-1000 MKP). So far, 

only rated conditions of SG operation are considered, and cross-verification of accident scenarios is 

planned for the next phases of work.  

 

2.   SG ROLE IN SEVERE ACCIDENTS 
 

When studying severe accidents progression, the main attention is given to processes of hydrogen release 

in containment volume, as well as energy and mass release from reactor vessel in corium catcher. These 

processes affect directly the integrity of the containment, which is the last barrier for an atmospheric 

release of radioactive fission products. Still a possibility remains of fission products release to the 

environment even when the last barrier integrity is preserved. The surfaces of SG heat-exchanging tubes 

and collectors form the primary circuit boundary. In case of multiple tubes rupture radioactive fission 

products are conducted by the coolant in the inter-tube volume of SG and are transported with steam 

through the secondary circuit. As the secondary circuit piping is located outside the containment, its non-

hermeticity or possible additional failures lead to radioactive release to the environment. Thus, the 

radioactive materials can bypass the localizing safety systems.  

Therefore the realistic estimate of SG tubes and collectors integrity in case of BDBA represents a 

substantial part of safety analysis and is closely tied with research on the possible mechanisms of the third 

and forth barriers damage. A correct estimate of SG tubes integrity could not be done without adequate 

simulation of processes and events in SG, particularly when it gravely affects the accident progression. 

There are scenarios where only balance models are sufficient, while other scenarios require more detailed 

models. For instance, the most frequent modeling of VVER-type SG tube bundle by three height layers 

turns out to be too coarse in case of accidents with SG rapid level drop. In that case a finer bundle 

partitioning by height is needed. The tubes nodalization is also required for a correct simulation of 

radioactive aerosols and fission products deposition onto heat-exchanging structures. The fine 

nodalization allows a better estimate of mass deposited on surface unit and hence, of value of the heat 

flux on the given area. Besides, the coolant flow reversal in some tubes of the bundle changes the 

distribution of fission products along tubes. 

One should also emphasize that adequate modeling of the processes in SG secondary circuit is a rather 

complicated problem: this circuit has a complex flow regime of steam-water mixture, with multiple 

recirculation loops depending on different parameters. Yet it strongly affects the heat removal from the 

primary circuit. Under accident conditions not only a correct estimate of heat exchange between the 

circuits is required, but, especially, that of absolute values of physical parameters – mainly of pressure 

determining the operation of passive safety systems. 

 

3. SG MODELING 
 

The thermohydraulic processes in VVER-type SG are analyzed in Russia using both one-dimensional 

system codes (RELAP, CATHARE, ATHLET, MELCOR etc.) and some three-dimensional codes 

(Trunov, 2003). A wide development of finite-volume models in last 20 years made it possible to use 

commercial CFD codes in nuclear safety, but still they are unable to replace the system codes. 

To analyze the progression of severe accidents in VVER reactors, a best-estimate program complex 

SOCRAT is used (System Of Codes for Realistic Assessment of severe accidents, former 

RATEG/SVECHA – see details in Vasiliev, 2000; Bezlepkin et al, 2001; Bezlepkin, 2003). That complex 

adopts both the advantages of system approach to nuclear safety analysis and the last achievements in 
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simulation of separate components and processes. SOCRAT allows a coupled modeling of a wide range 

of thermohydraulic, physicochemical and thermomechanical effects at all stages of accident progression, 

from initial event up to corium release following the reactor vessel failure. The code models take into 

account the specific geometry of VVER reactors. 

The verification studies of SOCRAT have been carried out over separate effects and using the data of 

integral experiments. They confirm the code capacities for adequate simulation of processes and effects 

characterizing the BDBA in VVER reactors. Using SOCRAT the relatively simple SG nodalization 

schemes can be built, which would adequately describe the dynamics of the main integral parameters in 

nominal conditions and accident scenarios. 

 

3.1 SG MODEL FOR SOCRAT 

 
SG of a VVER reactor represents a vessel heat exchanger with a horizontal tube bundle submerged in a 

water pool (fig. 1). A detailed description of construction and typical processes in VVER SG can be 

found in: Lukasevich et al., 2004, Trunov et al., 2001 and Trunov et al., 2003. While the general 

methodology for SG nodalization is not strictly fixed, several works help to get a rather full understanding 

of how that complex unit should be modeled (Haapalehto and Bestion, 1993; A.Moskalev et al., 1999; 

Nosatov, 2005; Gorchakov, 2006).  

The choice of SG model should be made for every issue separately. While modeling SG as part of nuclear 

installation it is often needed to correctly simulate only SG inlet and outlet parameters. Any simplified 

SG model describing accurately heat transfer coefficients is actually sufficient for scenarios without rapid 

water level drop, when heat transfer is not strongly affected by level changes. More complicated models 

are required for scenarios with SG water level (SGWL) decrease: feed-water regulator failure, feed-water 

tubing break, steam line break etc. 

Two factors cause the uncertainty: initial water inventory in SG and dependence between SGWL, heat 

source and heat transfer coefficient. Tube bundle longitudinal and height partitioning accounts for 

different heat fluxes in elements and allows describing heat transfer and water inventory in a more 

accurate way. In that case one can get a rather realistic estimate of integral parameters even from a 

simplified SG model having a small number of elements. So there are attempts to simulate multi-

dimensional processes in SG by one-dimensional codes using several parallel channels. Such an approach 

has proven its efficiency for separate effects studies (V. Roginskaya, 2000). On the other hand, the 

accuracy of calculation schemes is limited by the uncertainty of correlations and material-property data, 

as well as by computational cost. The number of calculating nodes should not be redundant to enable 

computations under the model applied using available hardware-and-software tools. This statement is 

especially true with regard to long-term calculations of BDBA and severe accidents with typical 

progression time of about 24 hours. 

The calculations confirm that SG model consisting of three height layers on the primary side and a 

recirculation channel (with one downcomer and one riser effective channels) on the secondary side 

simulates well enough the main processes which are typical for SG operation in normal conditions and 

during some accident scenarios.  

Considering the experience gained in the use of system codes for SG modeling, their advantages and 

weak points, we were able to build a SG model for Russian code SOCRAT. The calculation scheme of 

SG is shown on fig. 2. The tube bundle is divided by height into three tube packets, each one representing 

one effective tube. So the area of heat-exchanging surface changes proportionally to water inventory drop 

during SGWL decrease. The number of tubes in each packet is defined using the design dependence 

between surface area, water-steam inventory and SGWL. The low packet includes 17 % of tubes, medium 

packet – 34 % of tubes and upper packet – 49 % of tubes. The forth volume (above upper packet) 

represents the volume between the upper range of tubes and a submerged perforated sheet. Due to a 

considerable non-uniformity of primary coolant temperature distribution along tubes the tubes (flow 

channels and tube walls) are divided into control volumes in longitudinal direction. Analysis of 

calculations that were performed before show that 6 volumes are enough (T. Haapalehto, D. Bestion, 

1993; A. Nosatov et al., 1999; V. Roginskaya, 2000; V.N. Nosatov, 2005). 

The secondary side of SG is represented by recirculation model: the integrity of inter-tube volume is 

described by one downcomer channel (including all channels and corridors where secondary fluid comes 

to the bottom) and one riser channel (including inter-tube channels where secondary fluid rises to the top). 

To ensure natural circulation of secondary steam-water mixture the channels are coupled. Each of these 

channels consists of 4 control volumes. Three control volumes of riser are coupled correspondingly to 



 4 

three tube packets by boundary conditions. Beside the riser and downcomer, the secondary side is 

partitioned into the following volumes: 

− feedwater supply zone (chamber SG_FW); 

− low volume between SG vessel and the lowest range of tubes (channel SG_BOTTOM); 

− submerged perforated sheet SPS (channel SG_SEP); 

− volume above SPS – it models the separation of steam-water mixture (chamber SG_UP); 

− upper steam volume (channel SG_TOP); 

− steam line and steam collector (chamber SG_STEAM). 

Feed water supply is simulated using quasi-channel SG_FW_IN and boundary SG_MFW. The SG vessel 

wall is represented by a heat element including thermal isolation to account for heat losses. 

 

 
a) 

 
b) 

 
Fig. 1 General view of PGV-1000MKP: a) – above view; b) – cross-sectional view 
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Fig. 2 Nodalization scheme for VVER SG 

 

The SG model for SOCRAT is suitable for analysis of normal operating conditions and accident scenarios 

without substantial decrease of SGWL. However further model development on the basis of three-

dimensional parameters distribution is required to make a full and more accurate analysis of all SG 

operating conditions.  That distribution was calculated using a specially built three-dimensional SG model 

for CFD code (STAR CD).  

 

 

3.2 SG MODEL FOR STAR CD 
 

According to the features of tube assembly in the bundle, in each horizontal range all tubes have different 

length. The difference between the inner and outer tubes comes up to several meters. That results in 

different resistance of channels and accordingly, in different velocities and flow rates in tubes, depending 

on their place in the bundle. Besides, the shift of collectors along SG longitudinal axis produces the non-

uniformity in feedwater distribution over the tube bundle near hot and cold collector. Therefore the 

primary water is cooled down differently, the difference coming up to several degrees at cold collector 

inlet. Besides, normally the up-to-date calculations made with one-dimensional codes do not consider the 

changes accumulated during SG operation (tubes failure, deposition of corrosion particles in tubes, 

cracking). For example, the plugging of failed SG tubes affects the flow rate distribution across the other 

tubes. 

The listed factors cannot be taken into account accurately in one-dimensional system codes. Therefore the 

development of three-dimensional models is important for a more detailed study of the processes, which 

are typical for both primary and secondary side of SG. 

As a result, two three-dimensional CFD models were developed in IBRAE, accounting for design features 

of collectors and tube bundle (size, geometry, elevations etc.). They include the hydrodynamic volumes 

bounded by the surfaces of hot and cold collectors and all interconnecting heat-exchanging tubes and do 

not include the SG secondary side. The sketch of calculation region is shown on fig. 3.  
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Fig. 3 Sketch of the calculation region of SG in STAR CD 

 
In the first (base) model the heat exchanging tubes are grouped in 738 blocks, every block being 

considered as a one-dimensional porous structure. Each block includes 4 to 18 heat exchanging tubes. The 

number of volumes in the block cross-section corresponds to the number of heat exchanging tubes in each 

block (fig. 4). The second SG model is finer and describes each heat exchanging tube as an individual 

porous body (fig. 5). The mesh dimension in that case is 3.5 million control volumes. The collector 

regions in both models are meshed with volumes, that is, the coolant flow in collectors is strictly 3D (fig. 

6). A k-ω turbulence model was used in all calculations. Additional data can be found in A.V. Shishov’s 

article «Development of 3D tubing model for a VVER steam generator» dedicated to these models and 

published in the present collection of articles. 

 

 
 

Fig. 4 Mesh in the tube bundle cross-section (heat exchanging tubes are grouped in blocks) 
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Fig.  5 Mesh in the tube bundle cross-section (heat exchanging tubes are presented individually) 

 

 
Fig. 6  Meshing of the perforated part of collector 

 

4.  RESULTS 
 

Using SOCRAT and STAR CD SG models, velocity values in heat-exchanging tubes and collectors were 

found at nominal operating conditions. Figure 7 shows the coolant filtering velocity field in the middle 

transverse A-A section of the tube bundle shown in figure 5. To get a velocity value, the filtering velocity 

should be divided by porosity (being 0.33 for the base SG model). The velocities in packets were 

compared to the values found with SOCRAT (Table 1). We can conclude that velocity values in low, 

medium and upper tube packets found with SOCRAT fall within a range of values found by STAR CD 

three-dimensional calculations.  

 

Table 1. Relative (numeric to average design ratio) coolant velocity (
av

designnum vv / ) in tube bundle 

 

SOCRAT STAR CD Packet of tube 

bundle Simple model Min Max 

Low 1,01 0,95 1,20 

Medium 1,04 0,80 1,14 

Upper 1,00 0,77 1,01 
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Fig.  7 Coolant filtering velocity field inside the tube bundle (UD-type discretization) 

of the base SG model 

 

However, a more detailed comparison reveals the difference in velocity distribution across tube packets. 

In three-dimension problem the maximal values correspond to low packet tubes and decrease from low to 

upper tubes. In SOCRAT calculations a distribution of velocity by height is relatively regular (maximum-

to-minimum ratio being 1.03). Such a discrepancy is explained by the fact that unlike three-dimension 

model, the hydraulic resistance values in all tubes of SOCRAT model are equal (all tubes being straight 

and having the same length). Thus, three-dimension calculations allow defining the correct values of 

hydraulic resistance for its use in model of one-dimensional codes. 

The comparison of results reveals as well the substantial spread of velocities across tubes of the same 

packet in three-dimensional problem: 25 % in tubes of the low packet, 34 % in medium packet, 24 % in 

upper packet. It means that using three-packet bundle partitioning and one-dimensional channels 

introduces the uncertainty of about 30 % in velocity (or flow rate) field in each packet. Remind that this is 

right for normal operation of SG. A possible way to reduce that uncertainty is to simulate all tubes inside 

each packet with more than one effective tube. 

To estimate the effect of nodalization scheme, a finer model of SG was developed for SOCRAT code. 

Tube bundle was presented with 5 packets by height (instead of 3 as it was before) and the tubes were 

divided by length in 8 control volumes (6 before). The comparison of results got from calculations with 

SOCRAT and STAR CD are presented in Table 2. 

 

Table 2. Relative (numeric to average design ratio) coolant velocity (
av

designnum vv / ) in tube bundle 

 

SOCRAT STAR CD Packet of tube bundle 

(from bottom to the top) Detailed model Min Max 

1 1.23 1.04 1.20 

2 1.10 0.92 1.06 

3 0.97 0.83 1.01 

4 0.92 0.80 0.98 

5 0.89 0.77 0.94 

 

The velocity distribution by tube packets became more realistic, with higher values in lower tubes, while 

the velocities in some packets are out of range calculated by STAR CD. 

 

In order to confirm the applicability of a porous body model for the considered issues a comparison of 

numerical results and analytical solutions for a special model issue was made. A pressure drop between 

hot and cold collector and velocity in different tubes of the bundle were chosen as target variables. Four 

typical configurations of tubes were considered (fig. 8). For each type of tube a pressure drop was 

calculated and compared to an analytical value. The discrepancy of target variable values did not exceed 6 

% that proves the possibility of use of porous body model in complex issues of coolant flow in SG 

primary circuit. 
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1 2 3 4 

 
 

Fig. 8 Different configurations of tubes considered in numerical/analytical comparison 

 
Besides, the base SG model (with tubes gathered in porous blocks) was tested using first- (UD-type) and 

second-order (MARS-type) discretization schemes. The pressure drop between collectors in the first order 

scheme is 0,1391 MPa while in the second order scheme it is 0,1377 MPa. The discrepancy in velocities 

in tubes is also relatively small and is shown on fig. 9-10 and in Table 3. 

 

Table 3. Maximum and minimum of velocities in different discretization schemes 

Velocity in tubes, m/s First order UD discretization Second order MARS discretization 

Maximal 4,99 5,03 

Minimal 3,24 3,23 

 

 

  

Fig.  9 Relative static coolant pressure field 

inside the tube bundle (UD-type discretization) 

Fig.  10 Relative static coolant pressure field 

inside the tube bundle (MARS-type 

discretization) 

 

The difference in results for both discretization schemes did not exceed 5 %. 

  

In order to assess the effect of numerical grid on the velocity distribution a base CFD model of SG was 

compared to a finer SG model where each tube was represented by a porous body. The calculation result 

for the detailed model is shown on fig. 11. The maximal value is 4,8 m/s, minimal 3,32 m/s. Thus, mesh 

refinement leads to result change not more than 5 %. 
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Fig.  11 Coolant velocity field inside the tube bundle (UD-type discretization) 

 

The comparison to experiments or plant data was not made because of the absence of such data at the 

moment. Separate measurements were made to study the circulation of secondary coolant, but in the 

issues considered here the SG secondary circuit is not modeled.  

The in-depth analysis of uncertainties is planned for the next stages of that project, when a model of heat-

exchange through collector and tube walls will be built in addition to a hydraulic one. The uncertainty 

parameters are chosen as follows: the boundary conditions of heat exchange with secondary circuit; 

coolant temperature at SG inlet; coolant flow rate in tubes. The uncertainty in boundary conditions is 

defined by the non-uniform feed-water distribution and, correspondingly, by different temperature of 

secondary coolant in SG. The coolant temperature variation at SG inlet can be caused by different 

conditions of coolant flow in reactor loops and by plant operation features. At last, the plugging of tubes 

during SG operation changes the flow distribution in tube bundle. It depends on the number and the 

location of tubes plugged. The additional impact can be caused by the deposition of corrosion products 

affecting the roughness of tube surfaces. 

 

The need for further development of one-dimensional SG models supposes the adaptation of CFD codes 

to simulation of accident scenarios that lead to SGWL decrease, followed by the voiding and heating up 

of the upper part of tube bundle.  

At the next stage of CFD SG models development it is necessary to account for presence of non-

condensible gases, radioactive aerosols and fission products in coolant. A correct description of flow in 

tubes would allow the calculation of temperature field and stress-strain state in tubes (in case of severe 

accidents when deposition of heat generating fission products becomes important) in a more realistic way 

as compared to up-to-date calculation models. 

Using three-dimensional models one could study the possibility of local reversion or stagnation of water-

steam flow in some tubes or in all tubes of the bundle. Yet using the only one-dimensional codes makes 

such investigations embarrassing. 

The SG tubes can be optimally grouped with respect to non-uniformity in magnitude/direction of coolant 

flow through the bundle. The groups having the close values of flow direction and magnitude can then be 

described using a small number of effective tubes. Thus the models used in system code become more 

adequate and their simplicity is kept not affecting the calculation cost.  

Cross-verification of results obtained from CFD and system codes helps to decrease considerably the 

conservatism of one-dimensional models and at the same time to select the priority steps toward the CFD 

models development. 
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5.  CONCLUSIONS 
 

Importance and effectiveness of a coupled use of CFD and system codes in nuclear safety analysis is 

shown. In the framework of three-dimensional approach a model of PGV-1000MKP SG primary circuit is 

build for CFD code STAR CD. A SG model for system code SOCRAT is built and justified. Using STAR 

CD and SOCRAT codes hydrodynamic calculations of coolant flow through collectors and tube bundle in 

normal operating conditions are performed. Cross-verification of velocity field in tube bundle has shown 

a good agreement of results obtained from SOCRAT and STAR CD calculations.  

Further development of three-dimension SG model for STAR CD is planed. It will allow cross-

verification of calculations of different accident scenarios important for SG tubes integrity.  
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Abstract  
 
Experimental and numerical works to validate a commercial CFD code for predicting the pressure loss 
of a PWR grid spacer were presented. The experimental data was obtained for full size spacer mock-
ups with different inclination of mixing-vanes. The pressure loss in the complex configuration of 
spacers arises from a several hydrodynamic effects included in the flow. Only the experimental result 
therefore was not enough to provide detailed data for validating the turbulence model used in the CFD 
code. To this end this study used a large eddy simulation (LES) to look at the hydrodynamic effects. 
The result of the LES indicated that the flow field around the spacer included a large-scale 
unsteadiness and an undeveloped turbulent flow. Turbulence models based on a developed turbulent 
flow were theoretically inapplicable to these flows. The commercial code with the standard high 
Reynolds number k-ε  model with the law of the wall however successfully reproduced the trend of 
the measurement. This suggests that a large-scale unsteadiness and an undeveloped turbulent flow are 
not dominant for the pressure loss. It is noted that commercial codes should be applied to the flows 
where dominant physics is clarified. 

1.   INTRODUCTION  

The pressure loss is important for designing the nuclear fuel assembly. The loss coefficient for the 
spacer is an input parameter for subchannel analysis, and the value has been measured in mock-up 
experiments. Constructing mock-ups for all the candidates costs much at the planning phase. 
Computational fluid dynamics (CFD) is expected to screen the candidates and to save the cost.  

Thus validating the CFD code for predicting pressure loss of the spacer becomes important. The 
pressure loss is fundamentally a macroscopic phenomenon in a channel scale, and a classical 
experiment can provide the data for verifying the result of CFD codes. The data however is not enough 
for validating the turbulence model used in the CFD code. The pressure loss in the complex 
configuration of commercial spacers arises from a several hydrodynamic effects included in the flow.  

Thus the detailed data to validate the CFD becomes necessary. Various efforts were given to the 
simulations and measurements to obtain the flow field around the spacer. By applying commercial 
CFD codes to designing the spacer, availability of such turbulence models as the standard k-ε  model 
(Oh, 2000, X.Z. Cui, 2003) and the nonlinear Speziale k- ε  turbulence model (In, 2003) were 
recommended. Particle Imaging Velocimetry (PIV) technique provided flow structure in a sub-channel 
at immediately downstream of the grid spacer (McClusky, 2003), and Laser Doppler Velocimetry 
(LDV) provided streamwise component of higher order statistics (S.K. Yang, 1998). However, those 
simulation and experiment were not able to provide the data in the near wall region. The near wall data 
is important for assessing the turbulence model. 

This study employs experimental and numerical works to validate a commercial code for predicting 
the pressure loss of a PWR grid spacer. The pressure loss for a full size spacer mock-up is measured to 
verify the numerical result of the commercial code, and a large eddy simulation (LES) for a typical 
PWR spacer configuration is performed to look at hydrodynamic effects on the pressure loss in the 
flow. In order to use the no-slip wall condition, the LES is performed at a low Reynolds number 
condition, and then the near wall phenomena can be observed better than at higher Reynolds number 



condition. The FLUENT code (ANSYS FLUENT, 2007) is picked up as a commercial code, and the 
k-ε  and RSM models with the universal law of the wall are used for turbulence model. 

In Section 2, the experiment set-up and the result of the pressure loss measurement is explained. The 
LES with our original technique is performed and the flow field obtained is explained in Section 3. In 
Section 4, the commercial code is applied to the pressure loss prediction and is validated in 
comparison with the data obtained by the measurement and LES. The concluding remarks are placed 
in Section 5. 

 

2.  MESUREMENT OF PRESSURE LOSS 

2.1 Experimental method 

The test loop used for pressure drop measurement is shown in Fig.1. The pressure drop is measured 
for the flow at room temperature and pressure. The test loop is located at Kumatori Works in Nuclear 
Fuel Industries, Ltd.  

The test loop is consists of a test section, a water storage tank, a volute pump and a cooling unit. The 
storage tank is open in the atmosphere, and it can maintain the flow steady without any mechanical 
control. The volute pump controls the flow rate, referring the indication of the electromagnetic flow 
meter. The cooling unit adjusts the temperature at the inlet of the test section.   

Test section is inside a 216.5mm x 216.5mm square shroud with a mock-up of a PWR fuel assembly 
installed. The mock-up consists of 17 x 17 rods half an actual fuel rod. The diameter of the rod is 9.5 
mm, and the pitch between the rods is 12.6mm. Pressure taps are located at upstream and downstream 
of spacer grid to measure the pressure loss of grid spacer and rod friction. The piezoelectric 
differential pressure transducer is used. Output of the transducer is transferred to data acquisition 
system within an accuracy of ±0.001kgf/cm2. Absolute pressure and fluid temperature are measured 
at the inlet of the test section. 

 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 Figure 1. Experimental apparatus 
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Table 1. Outline of the test condition 

Pressure Normal 
Inlet temperature (Celsius degree) 40, 60 
Flow rate (litre/min) 4000 – 9000 
Reynolds number 40000 – 130000 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 2. Grid spacer with the standard inclination of mixing-vane  
 
 
 
 
 
 
 
 
 
 
 
 

Figure 3. Split type mixing vane 
  
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 4. Bending jig and angle gauge 



Typical grid spacer used in this test is shown in Fig. 2. The height of spacer grid is approximately 60 
mm. The mixing-vane type used is the split vane illustrated in Fig.3.  The inclination angle of mixing-
vane is the experimental parameter. The angle is adjusted with an accuracy of ±2 degree by using 
special tools (bending jig and angle gauge) shown in Fig. 4. The inclination of mixing vanes is 
decreased to  -10 or increased to +10 degrees from a standard inclination. Outline of the test condition 
is summarized in Table 1. 
 

2.2 Experimental result 

The rod friction loss coefficients f is calculated as:  

 ,2

2 H
f l

b

Df P
l Uρ

= ∆ , (1) 

where ,f lP∆  is the pressure difference between the taps at the distance l  (approximately 200mm); 

HD ,  ρ  and bU  are respectively the hydraulic equivalent diameter, the fluid density and the bulk 
velocity. Next, the friction and drag loss coefficients are calculated as 
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K P P
Uρ

= ∆ −∆  (2) 

where  ,f LP∆  and LP∆ are the pressure differences for the distance L  (approximately 500mm); 

,f LP∆  is calculated by using Eq.(1), and LP∆ is measured between the taps located upstream and 
downstream of the spacer. 

 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 5. Pressure loss coefficient of friction of rod versus Reynolds number 
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The rod friction loss coefficient measured is shown in Fig. 5. The test is repeated twice for each 
inclination of mixing-vanes. As shown in Fig. 5, the data for the first and the second tests are similar 
enough to confirm the repeatability. The uncertainty appears approximately 10%. The data indicated 
that the rod friction loss is independent of the mixing-vane inclination and that the drag loss of the 
spacer is well separated from the friction loss. The drag loss coefficient obtained is processed into 
K=A Re B to evaluate its value at a higher Reynolds number condition. Here, Re is Reynolds number; 
the values of A and B are proprietary. 

The drag coefficient at Re=420,000 is normalized by the value for the standard inclination and is 
shown in Fig. 6. The uncertainty is estimated at 10%. The dependency on the vane inclination is not 
linear but parabolic, and the result can be expressed by K= a sin2θ + b, whereθ is a vane inclination; 
the values of a and b are proprietary. This formulation is derived based on a precedent study (Rehme, 
1973), where the loss coefficient was proportional toε2. Here, ε is the relative plugging of the flow 
section; the plugging accounts for the cross-sectional projection of the spacer configuration. If only the 
cross-sectional projection of the mixing-vane is taken into account, the effect of θ  on the loss 
coefficient is represented by sin2θ. 

The experimental result however shows a change faster than sin2θ. The thickness of the soft and hard 
stops of spacer grid may cause more complex change in the projected area. The plugging ε is 
calculated for the actual geometry, and the formula K= cε2 + d is obtained. Here, the values of c and 
d are proprietary. Figure 6 shows that the latter represents better than the former.  

 

 

 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 6. Experimental result for drag coefficient 

 

3.  MECHANISM OF PRESSURE LOSS  

3.1 LES of the turbulent flow  

LES is performed to understand the flow around the PWR spacer grid and to validate the turbulence 
model used in the commercial CFD code. The LES code was developed by using our original 
technique of the immersed boundary method (Ikeno, 2007a). This code represents complicate wall 
configuration on the Cartesian grid system, and this can achieve the second-order spatial accuracy of 
the discrete equation. The outline of the numerical method is described in this section. 
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The continuity and Navier-Stokes equations for incompressible flow are used for mass and momentum 
conservation laws. Applying the filtering operation to them and assuming an eddy viscosity model for 
sub-grid scale (SGS) stress results in the governing equations for LES. 

 0i
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where 
ix  :  the i -th coordinate distance in Cartesian system, 

iu  :  the i -th component of filtered velocity, 
p  :  filtered pressure deviation from the mean value divided by the fluid density, 

Tu  :  average friction velocity, 
HD  : hydraulic equivalent diameter, 
,1iδ  : Kronecker delta, 
ν  : kinematic viscosity for molecular viscous stress, 
SGSν  : kinematic viscosity  for SGS viscous stress. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 

Figure 7. Computational domain and spacer configuration 
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The third term in the right-hand side of Eq.(4) represents the mean pressure gradient to drive the 
mainstream constantly. The SGS viscosity is determined by using the solution of the one-equation 
dynamic SGS model (Kajishima, 2006).  

The discrete equations for Eqs.(3) and (4) are based on the second-order central finite differential 
method. The no-slip wall condition in the LES is simulated on Cartesian grid system by using our 
original immersed boundary method (Ikeno, 2007a). In this method, the time integration is carried out 
using a numerical scheme that was developed for unsteady turbulence simulations to achieve the no-
slip wall condition precisely. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

(a)                                              (b) 
Figure 8. Instantaneous flow around (a) the mixing-vanes, (b) the bottom of the strap 

 

 

 

 

 

 

 
 
 
 
 
 
 
 
 
 
 

Figure 9. Velocity fluctuations in the spacer  
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(a)                                                                 (b) 
Figure 10. Lateral flow pattern (a) averaged flow, (b) instantaneous flow. 

The computational domain with the computational grid system and the configuration for the grid 
spacer are shown in Fig. 7. The computational domain is composed of 4 sub-channels. The number of 
grid points used in the computation is 512 x 256 x 256 in each direction of x, y and z. The main flow is 
in the direction of positive x. The no-slip condition for a static object is given by the immersed 
boundary method (Ikeno, 2007a), forcing zero velocity on the surface and inside the body to fuel rods 
and the grid spacer. The periodic boundary condition is applied to all the boundaries of this 
computational domain to simulate a whole rod assembly. The configuration of the grid spacer is 
simplified from that of the actual one by omitting complicate structures (Ikeno, 2006). 

The Reynolds number achieved in the LES is approximately 4100, which is too low to compare with 
our pressure loss experiment. Here, the Reynolds number is based on bulk velocity and rod pitch. The 
drag coefficient obtained is therefore compared with data in the existing literatures, and the 
convergence to the experiment as the mesh resolution become fine was confirmed (Ikeno, 2006). 

3.2 Mechanism of the flow 

After the flow reached fully developed state, we pick up an instantaneous velocity field around the 
spacer as shown in Fig.8. Figure 8(a) indicates a large-scale unsteadiness behind the mixing-vane, 
which relates to the acceleration of the swirling flow (Ikeno, 2005b). Figure 8(b) indicates that the 
mainstream is divided by the strap at the subchannel center, where the turbulence differs from the 
turbulence developed near the plane wall. In those phenomena, the turbulent energy in the mainstream 
is transferred insufficiently into the lateral direction and then the standard k-ε  model is not applicable. 

To characterize the turbulence around the spacer, the root-mean square of velocity fluctuation is 
shown in Fig.9. The statistical data is obtained by averaging the flow fields during the time integration 
in the region with spatial symmetry. The result for x=2.3P shows that the streamwise components are 
dominant near the strap. This is because the shear turbulent stress is undeveloped at the beginning of 
no-slip wall. This trend becomes moderated as the turbulence develops along the strap (see, x=5.1P). 
At x=6.5P, the turbulence is active to retrieve the velocity profile in the wake region behind the strap. 
The turbulent flow around the spacer is thus undeveloped statistically. 



Main factor causing the pressure loss of the spacer is the drag loss. It arises from the plugging of the 
flow area by the projection of the mixing-vane area and strap thickness. The flow separated above the 
mixing-vanes and the wake behind the strap will affect the drag loss of the spacer. Another factor to 
cause the pressure loss is the friction loss along the faces of rods and the straps. Averaged and 
instantaneous flows in the cross-sectional flow are shown in Fig. 10. Figure 10(b) shows a complex 
pattern of the instantaneous flow. The turbulence stress arises from its deviation from the averaged 
flow, and the result implies complicate contribution of the turbulent stress to the friction loss. 

 

4.  PREDICTION OF PRESSURE LOSS  

4.1 Numerical method 

For predicting pressure loss of spacer, the commercial code FLUENT is picked up as a commercial 
CFD code. The FLUENT code solves conservation law of mass and momentum with widely used 
constitutive equation, namely the turbulence model or near wall treatment (ANSYS FLUENT, 2007). 
The finite volume method is employed as discretization. 

The computational domain covers 2 by 2 spacer cells horizontally and a spacer interval axially. Rod 
diameter, rod spacing and the shape of spacer simulate those used in the pressure loss test. To reduce 
the computational cost, a slab model equipped in the FLUENT code is applied to the grid strap and 
mixing-vanes. This model can represent the impermeability and the no-slip on the wall without using 
mesh in the thickness. For reference of computational geometry, the surface mesh on the spacer is 
illustrated in Fig. 11. 

 

 

 

 

 

 

 

 

 

Figure 11. Mesh on the spacer surface 

 
Table 2. Turbulence model 

Turbulence stress model Wall function model 
Two-equation k-ε  model (KE) Standard (STD) 
Two-equation k-ε  model (KE) Non-equilibrium (NEQ) 
Reynolds stress model (RSM) Non-equilibrium (NEQ) 

 



Pressure and velocity are solved sequentially by SIMPLE method. From the discretization scheme 
option, “the second order upwind scheme” and “the second order central scheme” are chosen for the 
convection and diffusion terms, respectively. The periodic condition is applied to the computational 
domain to maintain a constant mass flow rate in the axial direction. The Reynolds number is 
approximately 400,000 and is high enough for Reynolds averaged method to be applied. The k-ε  
model and the Reynolds stress model are therefore used together with near-wall models: FLUENT 
standard wall functions and non-equilibrium wall function. The combinations used for turbulence 
stress and wall function models are shown in Table 2. The NEQ is a wall function that can represent a 
velocity distortion caused by an inversed pressure gradient, and RSM is capable to represent more 
complex flow including separation and wake. 

 
 

 

 

 

 

 
 
 
 
 
 
 
 

Figure 12. Accuracy of predicted drag coefficient 
 
 

4.2 Numerical result 

The average pressure loss obtained by the FLUENT code is used to calculate the pressure loss 
coefficient. The drag loss is evaluated by subtracting the friction loss from the total loss. Here, 
predicting the friction loss is difficult for the numerical simulation using the wall functions, and the 
friction coefficient is estimated by an empirical equation. The drag coefficient of spacer is calculated 
by using the mean bulk velocity consistent with the flow rate given in the boundary condition. 

To check the mesh refinement, the number of computational grid is increased up to 640,000 and 
1770,000. Root mean square of the error between the prediction and the experiment is shown in Fig. 
12. The figure shows that the accuracy of the prediction is less than the first-order whereas the 
discretization option advocates “the second order”. It is noted that the numerical accuracy strongly 
depends on the mesh geometry. The result indicates that the error is hardly improved by the fine mesh. 
This implies that the grid number of 270,000 is enough to obtain the converged solution for this 
discrete equation system. 

Figure 13 shows comparison between predicted and measured values for drag coefficient as a function 
of mixing vane inclination. The computation is performed using 270,000 grids. The value is 
normalized by that measured for the standard inclination. The computational prediction goes below the 
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experiment as the inclination becomes small. This indicates that the prediction approaches the drag 
coefficient of spacer with zero thickness whereas the experiment does that with a finite thickness. 

Generally, the prediction reproduces the trend of the drag coefficient independently of the turbulence 
model. This suggests that a large-scale unsteadiness and an undeveloped turbulent flow around the 
spacer are not dominant for predicting the drag loss. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 13. Numerical result for drag coefficient 
 
 

5. CONCLUSION  

A pressure loss measurement and an LES were performed to validate a commercial CFD code for 
predicting the pressure loss of a PWR grid spacer. The experimental data was obtained for full size 
spacer mock-ups with three steps of the inclination angle of the mixing-vane, and the LES was 
performed with 512 x 256 x 256 grids. 

The experimental data of pressure loss is macroscopic, and it was thought to be useless for validating 
directly the turbulence model used in the CFD code. The LES was therefore used to clarify the physics 
in the flow around the spacer. The result indicated that the flow field around the spacer included a 
large-scale unsteadiness and an undeveloped turbulent flow. Moreover, it suggested that the friction 
loss was affected by complicated turbulence and that predicting the friction loss was difficult. 

The commercial code with the standard high Reynolds number k-ε  model with the law of the wall 
however successfully reproduced the trend of the measurement. This suggests that a large-scale 
unsteadiness and an undeveloped turbulent flow are not dominant for the drag loss. It is noted that 
commercial codes should be applied to the flows where dominant physics is clarified. 
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Abstract 
 

A three-dimensional model was developed for studying the hydrodynamics flow of the primary 

side of the steam generator circuit for simulation of design-basis and beyond design-basis accidents of 

NPP with VVER reactors. The model describes the hot and cold steam generator collectors, and all the 

interconnecting heat exchanging tubes. In order to reduce the dimension of the calculation grid, and to 

allow for numerical solution of the problem, it was proposed to simulate the flow inside the tube bundles 

utilizing the porous body model. A number of calculations of pressure and coolant velocity fields inside 

the heat exchanging tubes was carried out using ANSYS CFX and STAR-CD codes in order to confirm 

the applicability of the porous body model. The results were compared with the analytical values of 

pressure losses for a number of typical heat-exchanging tube dimensions. 
The comparison demonstrated the adequacy of applying the porous body model for the study of 

hydrodynamics of the steam generator tube bundle. The resultant dimension of the calculation grid was 

about 3.5 million control volumes. STAR-CD was applied in a series of calculations aimed at measuring  

the pressure fields and coolant velocities in the flow part of the primary side of the steam generator. A 

distribution of coolant flow along the heat exchanging tubes characteristic for π-shaped collector system 

was obtained as a result of the analysis. 
 

 

 

 

 

1. STRUCTURE DESCRIPTION 

 

The steam generator is a single-body horizontal heat exchanging apparatus with immersed heat 

exchanging surface (figure 1). It includes a vessel, two elliptic bottoms and a number of nozzles of 

various purposes. Inside the generator there are two collectors with bundles of heat exchanging tubes, an 

immersed perforated sheet, a device for feedwater supplying and distributing, as well as the top perforated 

sheet. 
The collector of the steam generator primary circuit  is a thick-walled cylinder with variable 

diameter and thickness. The cylindrical part of the collector has a perforated section for mounting the 

ends of heat exchanging tubes. The bores on the outer surface of the collector are located in a staggered 

order. The heat exchanging surface includes approximately 11 000 tubes with an internal diameter of 13 

mm. The heat exchanging tubes have U-shaped coils and are collected in heat exchanging bundles. The 

tubes are spaced inside the bundle in a corridor order. The tubes are separated from one another with 

wavelike strips and flat laths. The design of tube mounting takes into account their thermal expansion. 
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1 – vessel, 2 – collectors of the first circuit, 

3 – heat exchanging tubes bundle 
 

Fig.  1. Diagram of steam generator 
 

2. CALCULATION METHODOLOGY  

 

The calculation area shown in Fig. 2 covers inlet (hot) and outlet (cold) collectors as well as heat 

exchanging tubes connecting thereof to study hydrodynamics of steam generator primary circuit flow-

through. Coolant flow stabilization at inlet collector requires modeling of 4-meter pipeline cylinder part. 

In much the same way 6-meter pipeline cylinder part was modeled at outlet collector. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

1 – heat exchanging tube bundle; 2 – outlet collector; 3 – inlet collector. 

 

Fig. 2. Calculation area 
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Numerical solution of 3D problem by using CFD codes requires the calculation grid exceeding 1 

billion of control volumes. Now this makes the problem irresolvable. But it is possible to replace three-

dimensional modeling of liquid flow in the tubes with hydraulically equivalent one-dimensional ratios 

considering such peculiarities as explicitly demonstrated one-direction flow in heat exchanging tubes and 

dominant affect of friction in the structure of hydraulic losses. 

Therefore the calculation area consisting of inlet collector, heat exchanging tube bundle and 

outlet collector can be replaced by simplified calculation model – 3D collectors and one-dimension tube 

bundle rather than use standard calculation model (3D collectors and 3D tube bundle). This simplified 

calculation model can be applied as follows: option 1 – each heat exchanging tube is replaced by 

equivalent one-dimension bond and option 2 – several near-by located tubes are assembled in a single 

tube bundle. This option is based on the assumption of negligible change of hydraulic resistance of the 

tubes located close to each other.  

Thus it is proposed to calculate collector pressure drop (∆p) at each tube or tube bundle to model 

hydrodynamics of heat exchanging tube bundle by using 

2

ρU
ξ∆p

2

= , (1)

where ρ - coolant density, kg/m3
;   U  - coolant average weight velocity, m/s; ξ  - coefficient of 

hydraulic resistance as  

25.0Re

3164.0
ξ

d

L= . (2)

Here d – heat exchanging tube diameter, m; L  - heat exchanging tube length, m; Re – Reynolds 
number. 

Porous body model built in STAR-СD can be used to apply the proposed simplified model in 

STAR-СD and perform modeling of one-dimensional coolant flow along the tubes or tube bundles 

instead of making 3D calculation of each heat exchanging tube. This will allow reducing calculation grid 

dimension by three orders.  

Equality of hydraulic losses (if the flow rate is similar) is the condition of equivalency of the 

calculation by using porous body model and 3D calculation of each heat exchanging tube: 
2U ФL

p
2 k

ρ µ∆ = ξ = , (3)

where  µ  - dynamic viscosity, kg/(m·s); k  - porous block permeability, m2
; Ф  - velocity of coolant 

filtration in porous block, m/s. 

 

Coolant filtration velocity in porous block correlates with average weight velocity as  

Uϕ=Φ . (4)

where ϕ - porosity which is the ratio of coolant volume in porous body block to the volume of 

entire porous block.. 

The above dependences provide the possibility to explicitly obtain permeability value for each 

porous block. 

A set of calculations of pressure fields and coolant turbulent flow velocity in heat exchanging 

tubes was performed by using ANSYS CFX and STAR-CD to justify the applicability of one-dimensional 

model of porous body for the description of hydrodynamics in heat exchanging tubes. Additionally the 

comparison with analytical values (1) of pressure losses was conducted for separate distinctive 

dimension-types of heat exchanging tubes. 

All 3D calculations were performed by using two codes at similar calculation grids of 60,000 – 

300,000 control volumes by using deference schemes of the second order. The calculations are performed 

for four optional designs of heat exchanging tubes (Fig. 3). Fig. 4 shows the calculation grid in heat 

exchanging tube cross-section. 

Analytical values of hydraulic losses ∆р (1) are identified for each design of heat exchanging tube 

taking into account the losses due to friction and local resistance under average coolant velocity of 4.5 

m/s.  Numerical three-dimensional and one-dimensional calculations were performed for the same 

pressure drops. Comparison data shown in Table 1 demonstrate that deviation of calculated values of 

average weight velocity does not exceed -5.0 % for both single tube and tube bundle. The results of the 
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studies allow making conclusion on the adequacy of one-dimensional procedure for calculation of 

hydrodynamics in heat exchanging tubes by using porous body model. 

 

 

 
  

Fig. 3. Four design options of heat exchanging tubes  

 

Fig. 4. Calculation grid in heat 

exchanging tube cross-section  

 

Table 1. The results of numerical modeling of heat exchanging tubes hydrodynamics  

 

Three-dimensional calculation One-dimensional calculation 

CFX STAR-CD STAR-CD, φ = 1  STAR-CD, φ = 0,25 
Option 

ΔP,  
Pa 

U, m/s 
Deviation, 

% 
U, m/s 

Deviation, 

% 
U, m/s 

Deviation, 

% 
U, m/s 

Deviation, 

% 

1 1.785·10
5
 4.350 3.33 4.289 4.69 4.536 0.80 4.532 0.71 

2 1.781·10
5
 4.465 0.78 4.307 4.29 4.526 0.58 4.528 0.62 

3 2.314·10
5
 4.475 0.56 4.304 4.36 4.521 0.47 4.524 0.53 

4 2.705·10
5
 4.440 1.33 4.302 4.40 4.523 0.51 4.524 0.53 

 

Two configurations of collector systems (horizontal and vertical (Fig. 5)), which inlet and outlet 

tubes of large diameter were connected by 9 tubes of smaller diameter, were studied to justify the 

compliance of simplified calculation methodology (3D-1D-3D) with standard one (3D) for collector 

effects modeling. Hydrodynamic modeling for these configurations of collector systems was performed 

using both simplified and full-scale 3D modeling methodology. Numerical calculation was conducted at 

the grids of 770,000 – 2,400,000 control volumes for horizontal collector system and at the grids of 

320,000 – 3,500,000 control volumes for vertical collector system in case of full-scale 3D calculation 

methodology and at the grids of 200,000 control volumes in case of simplified calculation methodology 

(3D-1D-3D). 

Fragments of the grids which illustrate the peculiarities of tube connection with collectors are 

shown in Figs. 6 and 7 for horizontal and vertical collector systems respectively. Deference schemes of 

the second order as well as semi-empirical turbulence models of к-ω type were applied and used for 

digitization. The calculations were performed under average weight velocity value. The calculations were 

performed when average weight velocity value was equal to 0.1 m/s. The results of numerical calculations 

of horizontal collector system and the results obtained according to [1] are shown in Table 2. 

The comparison demonstrated that the error did not exceed 6.5 % for connecting tube length of  

0.6 meters and dropped up to 0.5 % when the length was increased up to 6 meters. Similar results were 

obtained for vertical collector: maximum errors dropped from 6 % to 1 % when the length of connecting 

tubes was increased from 1 to 10 meters. The analysis of the studies performed allows making conclusion 

that it is possible to apply simplified methodology to calculate hydrodynamics in collector systems 

consisting of inlet and outlet collectors linked by connecting tubes. 

 

 

 

 

 

1 2 3 4 
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Table 2. The results of modeling of horizontal collector system hydrodynamics  

 
Tube bundle 

length, m 

Pressure losses 

∆p, Pa 

Analytical value 

∆p, Па 
3D calculation Deviation, % 

3D-1D-3D 

calculation 
Deviation, % 

General 1939 2025 4.45 1832 5.52 
0.6 

at tube bundle 1136 1174 3.34 1208 6.30 

General 11799 11821 0.18 11754 0.37 
6 

at tube bundle 11360 11384 0.21 11304 0.49 

 

  

а)                                                                                       б) 

 
Fig.5. Collector systems: а) horizontal б) vertical 

 

 
а)                                                                                       б) 

 
Fig.6. Cross-section of  horizontal collector system grid:  

а) tubes; б) porous bodies. 
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а)                                                                                       б) 

 

Fig.7. Fragment of vertical collector system grid: а) tubes; б) porous bodies. 

 

 
3. THREE-DIMENSIONAL MODEL 

 

Two three-dimensional models were developed for studying the hydrodynamics of the flow in the 

primary part of the steam generator in process of simulating design-basis and beyond design-basis 

accidents of NPP with VVER reactors. The models describe the hot and cold steam generator collectors, 

and all the interconnecting heat exchanging tubes. The first model includes 738 blocks of heat exchanging 

tubes, when every block is considered as a one-dimensional porous structure. Each block includes of 4 to 

18 heat exchanging tubes. The number of control volumes in the block cross-section perpendicular its 

axis corresponds to the number of heat exchanging tubes in each block. The resultant dimension of the 

calculation grid for the first model is 2.5 million control volumes. The second model described each heat 

exchanging tube as an individual porous body. The dimension of the calculation grid was 3.5 million 

control volumes. 
Figure 8 shows the position of heat exchanging bundle cross-section used for calculations of 

relative static pressure and coolant velocity fields. Figure 9 shows the calculation grid of the first model 

in the tube bundle cross-section. The porosity parameter is φ = 0.33. Figure 10 shows the calculation grid 

of the second model for the same tube bundle cross-section. The porosity parameter is φ = 1. 
 

 

 

 
Fig.  8. Position of heat exchanging tubes bundle cross-section 

 

A

A
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Fig.  9. Calculation grid in the tube bundle cross-section 
(heat exchanging surface is represented by blocks of heat exchanging tubes) 

 

 
 

Fig.  10. Calculation grid in the tube bundle cross-section 
(heat exchanging surface is represented by each tube individually) 

 

 

4. CALCULATION RESULTS 

 

The developed three-dimensional models were used to determine pressure fields and coolant 

velocities of the flow in the primary side of steam generator. Two variants of calculations were carried 

out for the first model. UD type first order digitization was used in the first case and MARS type second 

order digitization was used in the second case. UD-type first order digitization was used for calculations 

with the second model. The coolant flow is 21500 m
3
/h at the temperature of 315 °С. 

Figures 11 – 16 show the pressure and coolant velocity fields in the transverse A-A section of the 

tube bundle shown in figure 8. Calculation results shown in figures 11 – 14 were obtained using the first 

model, and those shown in figures 15 and 16 were obtained using the second model. 
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Fig.  11. Relative static coolant pressure field 

inside the tube bundle 
(UD-type digitization circuit) 

Fig.  12. Coolant velocity field inside the tube 

bundle 
(UD-type digitization circuit) 

 

   
Fig.  13. Relative static coolant pressure field 

inside the tube bundle 
(MARS-type digitization circuit) 

Fig.  14. Coolant velocity field inside the tube 

bundle 
(MARS-type digitization circuit) 

 

Static pressure drop between inlet of the hot collector and outlet of the cold collector was 

approximately 0.14 MPa. Maximum coolant velocity is found in the tubes located near the inlet of the 

perforated part of the hot collector. True coolant velocity in the heat exchanging tube can be found by 

dividing the filtering rate given in figures 12 and 14 by the porosity of φ = 0.33. The maximum coolant 

flow velocity inside the heat exchanging tubes is equal to 5.03 m/s, while the minimum is 3.26 m/s. 

Minimum coolant flow velocity is found at the tubes with the highest hydraulic resistance.   In the current 

case these are the longest tubes.  
Figures 15 and 16 show the distribution of the relative static pressure and the coolant filtering rate 

inside the heat exchanging tubes for UD-type first order digitization. Figure 13 gives the true coolant 

velocity, as the porosity in this model is equal to 1. The maximum coolant flow velocity inside the heat 

exchanging tubes is equal to 4.80 m/s, while the minimum is 3.32 m/s. The ratio of these velocities is 

1.45, corresponding to the maximum ratio of the flow rates of the heat exchanging tubes. 
The difference between the maximum coolant flow velocities for two models is to be found less 

than 5 %. 

 

The future stages of work assumes implementation the models developed for aerosol deposition 

in the tube bundle. For this purpose, some of the heat exchanging tubes, previously replaced by the 

porous body model, will be simulated by a three-dimensional grid. The analysis will include two models 

for interaction of the gaseous flow with the droplets of the liquid phase and the walls of the pipes.  
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Fig.  15. Relative static coolant pressure field inside the tube bundle 
(UD-type digitization circuit) 

 

 

 

 

 

 

 

 
 

Fig.  16. Coolant velocity field inside the tube bundle 
(UD-type digitization circuit) 
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Conclusions: 

 

1. A full-scale three dimensional model simulating hot and cold collector, as well as blocks of heat 
exchanging tubes with a size of 2.5 million control volumes was developed in order to study the 

hydrodynamic flow in the primary side of steam generator. The heat exchanging tubes were 

replaced by a model of a single-dimension porous body applied for 738 tube blocks. 
 

2. A three-dimensional model of the flow in the primary side of steam generator consisting of 
approximately 11 000 heat exchanging tubes, simulated individually by the model of single 

dimension porous body, was developed. The dimension of the calculation grid was 3.5 million 

control volumes. 
 

3. Numerical experiments allowed to obtain pressure fields and coolant velocities through the heat 
exchanging pipes for normal flow rates through SG. The maximum coolant flow velocity inside 

the heat exchanging tubes is equal to 5.03 m/s, while the minimum is 3.26 m/s. 
 

4. The developed three dimensional model and the analysis method can be used for justification of 

design solutions and analysis of both design-basis and beyond design-basis NPP accidents with 

VVER reactors. 
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Extended Abstract 
 
Recent advances in technology and the need for high fidelity computational data have resulted in 
research efforts focused on the integration of multi-physics phenomena and the development of new 
and improved numerical solvers and physical models.  These contributions are expected to 
significantly reduce the uncertainty and increase the accuracy of modeling and simulation tools, 
allowing scientists and engineers to better predict physical phenomena such as critical heat flux (CHF) 
and reduce the uncertainty associated with hot channel factors.  Consequently, simulation size will 
increase requiring more computer memory, larger data storage, faster data processing and transfer, and 
improved visualization tools.  Unfortunately in the United States, minimal emphasis has been placed 
on the simulation of large production-type problems using state-of-the-art commercial software and 
hardware.  Large-scale simulations have the potential of providing insight into the problems and 
challenges that can be expected upon implementing advanced modeling and simulation tools in 
production codes and running these large-scale simulations on advanced computing architectures.  The 
purpose of this study was to develop and evaluate a streamlined computational fluid dynamic (CFD) 
simulation process for large problems using an arbitrary fuel assembly design as a benchmark problem.  
Three dimensional flow distributions of sodium for several fast reactor fuel assembly pin spacing 
configurations were simulated using commercial CFD software and high performance computers 
(HPCs).  This study focused on a 19-pin fuel assembly, similar in design to the Advanced Burner Test 
Reactor (ABTR), with wire-wrap spacers and one helical pitch.  Several two-equation turbulence 
models including the k-ε and SST (Menter) k-ω were evaluated.  Considerable effort was taken to 
resolve the momentum boundary layer, so as to eliminate the need for wall functions and reduce 
computational uncertainty.  High performance computers were required to generate the hybrid meshes 
needed to predict secondary flows created by the wire-wrap spacers; computational meshes ranging 
from 65 to 100 million elements were common.  A general validation methodology was followed, 
including mesh refinement and comparison of numerical results with dated empirical correlations 
provided in the literature.  Predictions for velocity, pressure distribution, and secondary flows are 
shown.  The inherent uncertainty of numerical models, importance of high fidelity experimental data, 
and the challenges associated with simulating and validating large production-type problems are 
discussed. 
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Abstract 
 

In design studies of Japanese sodium-cooled fast reactors, a compact size reactor vessel is expected to 

be employed for economical advantages.  However, such a design makes coolant velocity higher and 

may result in occurrence of gas entrainment (GE) phenomena.  Since the GE is highly non-linear and 

too difficult to predict its onset condition by theoretical methods, we are developing a high-precision 

CFD method to evaluate the GE accurately.  The CFD method is formulated on unstructured meshes 

to establish accurate geometric modeling of complicated reactor systems.  As for two-phase flow 

simulations, a high-precision volume-of-fluid algorithm was employed and newly formulated on 

unstructured meshes.  In the formulation process, a volume-conservative algorithm and a new 

formulation establishing the mechanical balance between pressure and surface tension were introduced.  

The developed CFD method was verified by solving well-known driven-cavity and Zalesak’s slotted-

disk rotation problems to show the simulation accuracy.  Then, we simulated a rising bubble in liquid 

under Bhaga et al’s experimental conditions.  As a result, the developed method showed good 

agreement with the experiment.  Finally, the developed method was validated by simulating the GE 

phenomena in the basic experiment.  The developed method succeeded in reproducing the occurrence 

of the GE under the experimental GE condition. 

 

1.   INTRODUCTION 

Fast breeder reactors (FBRs) are located as one of the possible energy source in the future, with the 

object of not only effective use of resources but also environmental conservation.  In Japan, a sodium-

cooled fast reactor (JSFR) was selected as a possible option due to its high competitiveness in power 

costs (Ichimiya, 2003) and the fast reactor cycle technology development (FaCT) project has been 

conducted by JAEA and related organizations.  As an important part of the FaCT project, more 

compact reactor vessel have been studied to enhance the economical competitiveness of the JSFR 

(Kimura, 2005).  However, such a design concept may result in occurrence of cover gas entrainment 

(GE) from free surface because coolant velocity in the primary system becomes larger and the larger 

coolant velocity can induce free surface fluctuation in upper plenum region of the reactor vessel.  

Since bubbles entrained to the coolant due to the GE might cause power disturbance when they go 

through the reactor core, the GE must be prevented from occurring in the JSFR for a stable operation. 

The GE phenomena have been studied experimentally and theoretically in many years (Maier, 1998).  

In those studies, onset conditions of the GE were investigated using experimental systems consisting 

of reservoir tanks or main pipes with branches (suction pipes).  From the experimental results, the 

correlation of the onset condition was formed as an equation of Froude number (Fr) and branch 

diameter (Zuber, 1980) and the equation is widely accepted among the researchers.  However, some 

experimental results disagreeing with the equation were reported for the vortical type GE (Daggett, 

1974) because effects of Reynolds or Weber numbers become significant in the vortical type GE.  

Also in GE studies for the FBR systems, experimental results showed that the onset condition of the 

vortical type GE was dominated by the liquid velocity itself, not the Fr number (Eguchi, 1984).  

Therefore, it can be expected that the vortical type GE needs special treatment to predict its onset 

condition.  In such cases, full-scale experiments can be a reliable way to evaluate the onset condition 
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of the GE in each system.  However, considering very high costs and difficulties in measurements, 

full-scale experiments may not be the best way to evaluate the GE.  Recently, numerical simulations 

can be considered to be promising ways as substitutions of the full-scale experiments owing to the 

progress of computer systems and numerical methods. 

In this paper, we develop and validate a high-precision CFD method to evaluate the GE phenomena 

accurately.  The CFD method is formulated on unstructured meshes to establish accurate geometric 

modeling of complicated reactor systems and to simulate complicated flow pattern accurately in the 

reactor systems.  As a two-phase flow simulation method, a volume-tracking algorithm based on a 

high-precision volume-of-fluid, namely PLIC (Piecewise Linear Interface Calculation, Young, 1982), 

is employed and newly formulated on unstructured meshes based on the conventional formulations on 

structured meshes.  The developed CFD method is verified by solving well-known driven-cavity and 

Zalesak’s slotted-disk rotation (Zalesak, 1979) problems to show that our CFD method has 

comparable or higher simulation accuracy than conventional high-precision methods.  We also 

formulate a new volume-conservative algorithm establishing perfect volume conservation for each 

phase (gas and liquid phases).  In addition, new algorithms were introduced to velocity and pressure 

calculation procedures of the CFD method.  We show that the collocated variable arrangement 

employed in our CFD method often causes instabilities resulting in unphysical solutions.  By careful 

investigations of the instabilities, we conclude that the unphysical behaviors were induced by 

inappropriate calculations of momentum and velocity-pressure coupling near gas-liquid interface.  

Therefore, new mechanistic formulations are introduced to improve the unphysical behaviours.  For 

the momentum equation, each phase’s velocities near the interface are defined independently using 

volume fraction values, instead of being calculated from momentum and density values at each mesh 

cell (like conventional methods).  For the velocity-pressure coupling equation, we focus on a 

mechanical balance condition between pressure and surface tension and formulate localized pressure 

gradient calculation procedure.  Then, the CFD method is applied to rising bubble problem for the 

validation of the adequacy on dynamic gas-liquid two-phase flow simulations.  The parametric 

simulations are conducted on Morton numbers and the simulation results of rising bubble shapes are 

compared to the experimental results.  Finally, the CFD method is validated by simulating the GE in 

Okamoto’s basic GE experiment (Okamoto, 2004). 

 

2.   FORMULATION OF CFD METHOD 

2.1 FLOW CALCULATION ON UNSTRUCTURED MESHES 

For numerical simulations on unstructured meshes, the collocated variable arrangement is usually 

employed (e.g. Barth, 1989).  Therefore, we also employed the collocated variable arrangement and 

defined all variables at centers of mesh cells.  Then, the finite-volume discretizations were conducted 

for basic equations, namely the Navier-Stokes (N-S) and the Poisson equations.  In addition, the 

unsteady, advection and diffusion terms in the N-S equation were discretized by the first order Euler 

explicit, the second order upwind and the second order center schemes, respectively.  It should be 

noted that the second order center scheme was constructed using the deferred-correction method 

(Muzafefija, 1994) in our study.  The velocity-pressure coupling is achieved by the SMAC algorithm 

(Amsden, 1970).  The second order upwind scheme was formulated as: 1) vertex values are estimated 

as weighed averages of cell (center) values (shown in Fig. 1(a)); 2) face values are interpolated using 

vertex values; 3) gradient values at cell centers are evaluated by Gauss-Green theorem (Eq. (1)); and 

4) fluxes through faces from upwind cells to downwind cells are calculated using cell values and 

gradient values (Eq. (2)).  In Fig. 1(a), each triangle shows mesh cells and values numbered from φ1 to 
φ6 show cell values.  Vectors numbered from 1vr

r
 to 6vr

r
 are connecting each cell centers and the vertex.  

Those vectors are used to calculate weights for each cell value when the vertex value is estimated as 

the weighted average of the cell values.  This procedure of the weighted averaging was proposed by 

Kim et al (2003) and is considered to lead more accurate fluxes on faces than conventional simpler 

procedures.  Equations (1) and (2) are written as 

( ) 1 1
f fc

f

dA A
V V

φ φ φ∑∇ = = ∑∫
r r

,         (1) 
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( )f c cfc
rφ φ φ= + ∇ ⋅
r

,                (2) 

where φ contains velocity, pressure and volume fraction values.  V is a cell volume and A
r
 is a face 

vector indicating each face area by its norm and face normal direction.  cfr
r

 is a vector connecting cell 

and face centers in a upwind cell (shown in Fig. 1(b)).  Subscripts v, c and f indicates vertex, cell and 

face values, respectively.  Summation in Eq. (1) is conducted for every faces on a cell. 

 

 

 

 

 

 

 

 

(a)     (b) 

Fig. 1:  Schematic View of Second Order Upwind Scheme on Unstructured Mesh: (a) Weighted 

Averaging to Estimate Vertex Value, (b) Flux Calculation on Mesh Cell Face 

2.2 HIGH-PRECISION VOLUME-OF-FLUID METHOD ON UNSTRUCTURED 

MESHES 

For two-phase flow simulations, the transport equation of the volume fraction defined as 

( ) 0
f

uf f u
t

∂
+∇⋅ − ∇ ⋅ =

∂
r r

,              (3) 

where f is volume fraction which changes from zero to unity and u
r
is velocity vector, is solved.  The 

volume fraction indicates mesh cell properties, i.e., mesh cell is filled with liquid if f is unity, filled 

with gas if f is zero and the interface is located in the cell if f is between zero and unity.  In the 

procedures of the PLIC method: 1) interfacial gradient vectors n
r
 at each interfacial cell are calculated 

by the volume fraction distributions around the interfacial cell; 2) interfaces in each interfacial cell are 

reconstructed utilizing piecewise linear planes; 3) advection fluxes of the volume fraction through 

each faces are calculated based on locations of reconstructed interfaces; and 4) the volume fraction 

distributions at next time level are determined. 

In our CFD method, the interfacial gradient vector is calculated by the Gauss-Green theorem (shown 

in Section 2.1) based on given volume fraction distributions.  Then, the interface reconstruction is 

conducted using the calculated interfacial gradient vectors.  The interface is reconstructed as the 

piecewise linear plane normal to the interfacial gradient vector and dividing the interfacial cell into 

two regions (liquid and gas) that are consistent with the volume fraction of the interfacial cell.  In 

general, the reconstruction is conducted by the Newton-Raphson method (iterative method) (Rider, 

1998).  However, the direct calculation method (non-iterative method) in which a cubic equation was 

solved for the reconstruction was developed on the structured mesh and reported to lead more accurate 

solution with shorter calculation time (Scardvelli, 2000).  This direct method was already extended to 

two-dimensional unstructured meshes to make calculation time shorter also on unstructured meshes 

(Yang, 2006).  We developed a new direct calculation method for three-dimensional unstructured 

meshes.  For calculations of advection fluxes through faces, the multi-dimensional method was 

employed instead of the conventional operator-splitting method because the multi-dimensional method 

was reported to lead more accurate solutions than the operator-splitting method (Pilliod, 1998). 

In the multi-dimensional advection of the volume fraction, an undershoot (< 0) or overshoot (> 1) of 

the volume fraction may occur when net outflow quantity of the volume fraction from a mesh cell 

overcomes the initial volume fraction of the cell (in the case of the undershoot).  In general, the 

undershoot or overshoot is eliminated by clipping the negative value or the value over unity, 

respectively.  However, this clipping procedure changes the total volume of each phase and the 

volume conservation is not satisfied.  In our CFD method, to formulate a physically suitable correction 

method for the undershoot or overshoot, the additional formulation was introduced to the advection 

calculation of the volume fraction.  Namely, if the undershoot or overshoot of the volume fraction 
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occurred in a mesh cell after the advection calculation, the advection fluxes through each face are 

corrected to eliminate the undershoot or overshoot.  The volume fraction at new time level is 

determined using the corrected advection fluxes.  In this paper, the correction method for the 

undershoot is presented but the overshoot can be corrected by similar manner.  When the undershoot 

occurs in a mesh cell, the initial volume fraction in the cell is smaller than the net outflow flux from 

the cell.  This relationship is written as 
* _ 1 2 0nf f Adv In Adv Adv= + − − < ,                    (4) 

where f
n
 is the initial volume fraction, f* is the preliminary volume fraction (negative value), Adv_In is 

the net inflow flux, Adv1 and Adv2 are the outflow fluxes through faces 1 and 2, respectively (in the 

case of two outflow faces).  All these values are normalized by the cell volume.  Since it is assumed 

that Adv_In is not changed by the correction method (this assumption will be discussed below), only 

Adv1 and Adv2 are corrected to eliminate the undershoot.  For that purpose, the advection fluxes are 

reduced as 

( )*1 1 1 1 2Adv Adv f coef coef coef= + + , 

( )*2 2 2 1 2Adv Adv f coef coef coef= + + ,                   (5) 

where coef1 and coef2 are positive values and correction coefficients for Adv1 and Adv2, respectively.  

The coefficients are calculated by considering dominance of each outflow flux on the net outflow flux. 

Using this correction method, the right hand side of Eq. (4) becomes zero and the undershoot can be 

eliminated.  However, if Adv_In decreases during the correction of the outflow fluxes, the right hand 

side of Eq. (4) is still negative after the correction procedure and the correction method must be 

applied again.  Since this repetition increases the computational costs, the inflow flux to the 

undershoot cell is fixed during the correction procedure. 

2.3 PHYSICALLY APPROPRIATE FORMULATION OF MOMENTUM 

CALCULATION 

In general finite-volume methods, each mesh cell is defined as a control volume for calculations.  

Therefore, intermediate velocities which do not establish the continuity condition are calculated as: 1) 

using the velocity and density at time level n (v
n
 and ρn

, respectively), calculate the momentum at time 

level n (m
n
) (Eq. (6)); 2) calculate the momentum fluxes through each face during one time step (∆ t) 

and summarize the momentum fluxes to obtain the momentum change (δ m); 3) adding δ m to mn
, 

calculate the intermediate momentum (m
n+δ
) (Eq. (7)); 4) dividing m

n+1
 by the at density time level n+1 

(ρn+1
), calculate the intermediate velocity (v

n+δ
) (Eq. (8)).  It must be noted that only the advection term 

is discussed here and the diffusion, pressure and external force terms are neglected for simplification.  

Equations (6)-(8) are written as 

m
n
 = ρn

 v
n
,             (6) 

m
n+δ
 = m

n
 + δ m,              (7) 

 v
n+δ
 = m

n+δ
 / ρn+1

.             (8) 

Though this procedure is appropriate for single-phase simulations, it can be inappropriate for two-

phase simulations when large density ratio exists between two phases.  For example, we consider the 

case when liquid (the velocity and density are vl and ρl, respectively) flows into the mesh cell 

initially filled with gas (the velocity and density are vg and ρg, respectively).  If we assume that 

inflow liquid volume (Qin) is almost same with outflow gas volume (Qout), the intermediate momentum 

is calculated as 

m
n+δ

 = m
n
 + {(ρl vl) Qin - (ρg vg) Qout} / V 

 ≈ρg vg (1 – f ) + ρl vl f ,                (9) 

where Qin / V = f is used to derive the last equation.  In general, since the time step is determined to 

prevent f from taking large value, we assume that f << 1.  In addition, we impose ρg << ρl (here, ρl / ρg 

= 1000 assuming water and air).  Therefore, the intermediate velocity is calculated as 

v
 n+δ 

= m
 n+δ 

 / ρ n+1 

= {ρg vg (1 – f ) + 1000 ρg vl f } / (ρg + 999 f ρg ) 

≈ (vg + 999 vl f } / (1 + 999 f ) 
= α vg + (1 - α ) vl ,           (10) 
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where α = 1 / (1 + 999 f ).  Equation (10) shows that the intermediate velocity is calculated as the ρg 

weighted average of the gas and liquid velocities.  Then, substituting 0.01 as the value of f yields: 

v
 n+δ ≈ 0.09 vg + 0.91 vl.             (11) 

Equation (11) shows that even though the volume fraction (ratio of liquid phase) is only one percent, 

the intermediate velocity is dominated by the liquid velocity.  However, considering that the mesh cell 

is almost occupied by the gas phase, the intermediate velocity seems invalid as the physical value.  In 

fact, when we employed Eq. (6)-(8) to calculate intermediate velocity, unphysical pressure distribution 

was generated near bubble interface in numerical simulations of a rising bubble in liquid because the 

excessive pressure were evaluated by solving the Poisson equation to correct unphysical intermediate 

velocity (shown in Fig. 2).  Though this unphysical behavior appears when interface passes across a 

face (mesh cell face) as described above, the unphysical pressure distribution disappears with the 

progress of simulations.  Therefore, this behavior is not critical for simulations and seems not to be 

exposed.  However, since transient simulation results including unphysical behaviors are not reliable, 

the appropriate formulation must be derived to eliminate the unphysical behavior. 

 

(a)   (b)  

                 Time Level n              Time Level n+1 

Fig. 2:  Unphysical Pressure Distribution Induced by Inappropriate Momentum Calculation 

 

In our CFD method, we improved the momentum calculation procedure.  First, the gas and liquid 

velocities (vg and vl , respectively) were independently defined at each interfacial cell.  Then, using the 

gas and liquid velocities, the velocity and the momentum are calculated as : 1) using the velocity, 

momentum and volume fraction at time level n (v
n
, m

n
 and f 

n
, respectively), calculate the gas and 

liquid velocity at time level n (vg
n
 and vl

n
, respectively) (Eqs. (12) and (13)); 2) calculate the 

momentum changes for the gas and liquid phases (δ mg and δ ml , respectively); 3) adding δ mg and 

δ ml to the gas and liquid momentum at time level n (mg
n
 = ρg vg

n
 and ml

n
 = ρl vl

n
, respectively), 

calculate the intermediate momentum for the gas and liquid phases (mg
n+δ 

 and ml
n+δ 

, respectively) 

(Eqs. (14) and (15)); 4) divide mg
n+δ 

 and ml
n+δ
 by the gas and liquid densities, respectively, to calculate 

the intermediate velocity for the gas and liquid phases (vg
n+δ
 and vl

n+δ
, respectively) (Eqs. (16) and 

(17)); 5) calculate the intermediate velocity and momentum (Eqs. (18) and (19).  Equations (12)-(19) 

are written as 

vg
n
 = (ρl v

n
 - m

n
) / {(1 – f 

n
) (ρl - ρg)},           (12) 

vl
n
 = (m

n
 - ρg v

n
 ) / { f 

n
 (ρl - ρg)},           (13) 

mg
n+δ 

= {(1 – f 
n
) mg

n + δ mg} / (1 – f 
n+1
),           (14) 

ml
n+δ 

= (f 
n
 ml

n + δ ml) / f 
n+1
,            (15) 

vg
n+δ 

= mg
n+δ
 / ρg ,           (16) 

vl
n+δ 

= ml
n+δ
 / ρl ,           (17) 

v
n+δ 

= (1 – f 
n+1
) vg

n+δ
 + f 

n+1
 vl

n+δ
,            (18) 

m
n+δ 

= (1 – f 
n+1
) mg

n+δ
 + f 

n+1
 ml

n+δ
.            (19) 

These formulations were applied to numerical simulations of a rising bubble in liquid and succeeded 

in eliminateing the unphysical behavior induced by the conventional method because above 

formulations can calculate physically appropriate intermediate velocities at each interfacial cell while 

the intermediate momentum is completely same with the conventional method.  In other words, the 

new formulations can evaluate the intermediate velocity based on the volume fraction without 

reducing conservation propety of the momentum.  It should be noted that though the definition of the 

new variable at interfacial cells needs additional memory usage, the computational costs do not 

increase significantly because in general, the ratio of interfacial cells to whole mesh cells is small. 

Constant-Pressure Line 

Gas Bubble 

Liquid 

Gravity 
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2.4 PHYSICALLY APPROPRIATE FORMULATION OF VELOCITY-PRESSURE 

COUPLING 

The appropriate balance between the pressure and surface tension was already achieved on structured 

meshes (Francois, 2006).  The key to the appropriate balance is formulating the pressure and surface 

tension in the same form.  In other words, the appropriate balance is achieved by defining both the 

pressure gradient and surface tension on each (mesh cell) face.  This appropriate formulation 

guarantees to eliminate the spurious velocity around spherical bubbles induced by the conventional 

formulations.  However, we can not simply extend the formulations on structured meshes to 

unstructured meshes because the highly complicated formulation of the pressure gradient than on 

structured meshes is employed to establish high-precision calculations on unstructured meshes and the 

complicated formulation prevents the surface tension from being formulated in the same form.  In fact, 

when we employ the deferred-correction method for the pressure gradient calculation, the balance 

equation between the pressure and surface tension on a face is written as 

( ) ( )1 1 1 112
2 1 12 1 1 1 2 2 22

12

n n n n

f f f f

d
n p p d n F F

d
φ φ α ρ ρ α ρ ρ+ + + +

 
 
⋅ ∇ + − − ⋅∇ = ⋅ + 
  

r
r r rr r

r
, 

( ) ( )1 1 1 1

1 1 2 21 2
,n n n n

f fp pφ α ρ ρ α ρ ρ+ + + +∇ = ∇ + ∇          (20) 

where subscripts 1 and 2 indicate values at mesh cells on both sides of a face.  
fn
r
 is a unit 

normal vector of a face, 
12d
r

is a vector connecting cell centers from 1 to 2, p is pressure and F
r
 is 

surface tension.  α1 and α2 are weights for interpolating the cell values to a face.  In Eq. (20), the 

pressure gradient (the left hand side) is not written in the consistent form with the surface tension (the 

right hand side).  Therefore, the balance between the pressure and surface tension is not established. 

Instead of Eq. (20), we derived new formulations in which the appropriate balance is established.  First, 

the right hand side of Eq. (20) was modified to be consistent with the left hand side.  Then, Eq. (20) 

was divided into two equations as 

( ) ( )12 12
2 1 2 12 2

12 12

f f

d d
n p p n

d d
ϕ ϕ⋅ − = ⋅ −

r r
r r

r r ,          (21) 

( ) ( )12 12
12 122 2

12 12

f f f f

d d
n n F d F

d d
φ φ

   
   
⋅ − ⋅ = ⋅ − ⋅   
      

r r
r rr r

r rd∇ ∇∇ ∇∇ ∇∇ ∇ ,  

1 1 1 1

1 1 1 2 2 2

n n n n

f f fF F Fα ρ ρ α ρ ρ+ + + += +
r r r

,          (22) 

where ϕ is the surface tension potential calculated by considering the Laplace equation.  Our CFD 
method establishes Eqs. (21) and (22) independently to achieve the appropriate balance between the 

pressure and surface tension.  As for Eq. (21), by introducing suitable surface tension potentials, the 

pressure values can be uniquely determined at every mesh cells and the appropriate balance between 

the pressure and surface tension potential is established if the interfacial curvature values are correctly 

estimated for spherical bubbles.  On the other hand, it is much more difficult to establish the balance 

between the pressure gradient and surface tension in Eq. (22) than to establish Eq. (21) because the 

formulations of the pressure gradient and surface tension are quite different though the left and right 

hand sides are written in the same form.  While the pressure gradient is calculated by the pressure 

distribution, the surface tension is defined at each interfacial cell independently.  In other words, the 

number of unknowns in the left hand side of Eq. (22) is k (k is the number of the mesh cell) and is not 

equal to that in the right hand side (3k).  Therefore, we modified the formulation of the pressure 

gradient to be consistent with the surface tension as 

( )c c c
p F p ′∇ = + ∇

r
,             (23) 

where ( )
c

p ′∇  is a newly defined variable at each mesh cell and corresponds to a net correction quantity 

to the intermediate velocity because the velocity at time level n +1 is calculated as 
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v
n+1
 = v

n+δ 
 + ( )p ′∇ ∆t / ρc

n+1
,            (24) 

where the diffusion term and the pressure and external force terms at time level n are considered to 

calculate the intermediate velocity.  By introducing the net correction quantity, the number of 

unknowns in the left hand side of Eq. (22) reaches to 4k and reduced to 3k when the pressure values at 

each mesh cell are determined by Eq. (21).  Therefore, the left hand side of the Eq. (22) becomes 

consistent with the right hand side.  In this case, the appropriate balance between the pressure gradient 

and the surface tension can be established when the net correction quantity is zero, i.e. no acceleration 

associated with the surface tension works on the intermediate velocity.  It should be noted that though 

the definition of the net correction quantity makes the computational costs higher, the costs do not 

increase significantly because the net correction quantity is defined only at interfacial regions where 

the surface tension works. 

 

3.   VERIFICATION OF CFD METHOD 

3.1 VORTEX GROWTH AND DRIVEN-CAVITY PROBLEMS 

To verify the flow calculation method formulated in Section 2.1, we calculated the vortex growth and 

driven-cavity problems.  The vortex growth problem is proposed by Bell et al (1979) and calculated 

by some researchers (e.g. Sussman, 2003).  This problem treats inviscid flow in which vortices grow.  

One can know the accuracy of CFD methods by investigating conservation properties of the kinetic 

energy in this problem.  The numerical simulation is conducted in 1.0 x 1.0 square domain subdivided 

into 256 x 256 square mesh cells.  The periodic boundary conditions are applied to all four boundaries.  

As the initial condition, x (horizontal) and y (vertical) components of velocity (u and v, respectively) 

are defined as 

tanh(30( 1/ 4)) 1/ 2,

tanh(30(3/ 4 )) 1/ 2,

y for y
u

y for y

− ≤
= 

− >
  

(1/ 20)sin(2 ).v xπ=  (25) 

Figure 3(a) shows the vortex growth (vorticity distributions) in the simulation domain.  The vortices 

grow rapidly and high vorticity regions are formed.  Figure 3(b) shows the loss of the kinetic energy 

during the calculation (until t = 2.0).  The total loss of the kinetic energy is about 0.1 percent at t = 2.0 

and can be negligible in practical simulations.  In addition, the accuracy of our CFD method was 

investigated by conducting grid convergence tests.  As a result, it was confirmed that the CFD method 

had the second order accuracy. 

 

  
t = 0.4         t = 0.8 

  
(a)        t = 1.2         t = 2.0  (b) 

Fig. 3:  Simulation Result of Vortex Growth Problem: (a) Vorticity Distribution, (b) Loss of Kinetic 

Energy 

 

The well-known driven-cavity problem is frequently employed to verify CFD methods.  In our study, 

the cavity is 1.0 x 1.0 square (shown in Fig. 4(a)) and is subdivided into 40 x 40 square mesh cells 

(structured mesh) or 1,608 triangular mesh cells (unstructured mesh, shown in Fig. 4(b)).  The upper 
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wall is the moving wall with velocity 1.0 and the other walls are non-slip walls.  Figure 4(c) shows the 

velocity distributions on the dashed lines in Fig. 4(a).  The result on the structured mesh agrees well 

with the simulation result in GHIA et al (1982).  On the other hand, the simulation accuracy somewhat 

decreases on the unstructured mesh.  However, the discrepancy between the results on the structured 

and unstructured meshes is small enough to conclude that the high-precision simulation is also 

possible on unstructured meshes. 

 

(a)   (b)  (c)
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Fig. 4:  Simulation Results of Driven-Cavity Problem (Reynolds Number is 1000): (a) Simulation 

Domain, (b) Unstructured Mesh, (c) Velocity Distribution 

3.2 ZALESAK’S SLOTTED-DISK ROTATION PROBLEM 

The slotted-disk rotation problem is well-known and frequently used to verify two-phase simulation 

methods (volume-tracking algorithms).  The problem was well summarized in Rudman (1997) and 

therefore the same simulation conditions were utilized in our study.  The simulation domain is 4.0 x 

4.0 square in which a circular disk with a radius of 0.5 having a slot with a width of 0.12 is located at 

(2.0, 2.65).  Initially, the volume fraction is set unity in the slotted-disk and zero outside the disk.  The 

slotted-disk is rotated once around the domain center (2.0, 2.0) in the counter-clockwise direction and 

then the simulation error was estimated as the averaged value of the volume fraction differences at 

every mesh cells between the initial and the final (after the rotation) states.  Number of time marching 

for one rotation is also the same number (2524 steps) with the Rudman’s simulation condition.  The 

structured and unstructured meshes consist of 200 x 200 square mesh cells and 39,734 triangular mesh 

cells, respectively.  Table 1 shows the simulation errors.  It is evident that the present method is 

superior to the conventional volume-tracking algorithms, i.e. SLIC (Simple Line Interface Calculation, 

Noh, 1976), SOLA-VOF (Hirt, 1981) and FCT-VOF (Rudman, 1997) and is comparable with the 

high-precision volume-tracking algorithms, i.e. PLIC or Stream (Harvie, 2000) on the structured mesh.  

Though the simulation error becomes larger on the unstructured mesh, applying the volume 

conservative algorithm proposed in Section 2.2 highly reduces the simulation error.  Therefore, the 

simulation accuracy of the high-precision volume-tracking algorithm employed in our CFD method 

was confirmed to be high enough on both structured and unstructured meshes. 

 

Table 1:  Simulation Error in Slotted-Disk Rotation Problem 

 

 

 

 

 

 

 

 

 

 

 

Algorithm                    Mesh                                                     Error 

SLIC                                                  Structured                    8.38 × 10
-2
 

SOLA-VOF                                   Structured                    9.62 × 10
-2
 

FCT-VOF                                       Structured                    3.29 × 10
-2
 

PLIC                                                  Structured                    1.09 × 10
-2
 

Stream                                               Structured                    1.07 × 10
-2
 

Present  (Non-Conservative)     Structured                    1.07 × 10
-2 

                                                             Unstructured               1.50 × 10
-2
 

Present  (Conservative)               Structured                    1.08 × 10
-2
 

Unstructured               1.23 × 10
-2
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3.3 EVATUATION OF SPURIOUS VELOCITY 

To verify the appropriate balance formulation between the pressure and surface tension proposed in 

Section 2.4, two dimensional numerical simulations of a circular gas bubble in stationary liquid 

without the gravitational force were conducted.  The simulation domain is 40 x 40 square and 

subdivided into 40 x 40 mesh cells (structured mesh) and 1608 triangular mesh cells (unstructured 

mesh).  The circular gas bubble with a radius of 30.0 is located at the center of the simulation domain.  

The numerical simulations were assumed to be conducted for the air and water at the room 

temperature as ρg = 1.2929, ρl = 998 and σ = 0.0735.  The initial velocity and pressure distributions 
were assumed to be zero in all locations.  To the four walls containing the simulation domain, free-slip 

boundary conditions were applied.  The numerical simulations were conducted only for 1 time step (∆t 
= 10

-3
), and then we investigated the spurious velocity in the simulation domain.  First, we used a 

correct interfacial curvature value in both numerical simulations by the conventional method and the 

present method (with the appropriate balance formulation).  Then, the similar comparison was 

conducted in the case when the interfacial curvature values are estimated numerically using the 

volume fraction distributions.  In our CFD method, the interfacial curvature values are numerically 

estimated by the RDF (Reconstructed Distance Function) model proposed by Cummins et al (2005). 

The maximum spurious velocities in each simulation result are shown in Table 2.  It is well-known 

that the conventional method generates the spurious velocity even though the correct curvature value 

is employed in the simulations due to the unbalance formulation between the pressure and surface 

tension.  On the other hand, the present method succeeded in reducing the spurious velocity to 

machine zero on both the structured and unstructured meshes in the case when the correct curvature 

value is available.  Therefore, in this case, it is evident that the results by the present method 

experience no unphysical behaviors even if the time step proceeds.  When the RDF model was 

employed to estimate the curvature value, even the present method generated the spurious velocity.  

However, the norms of the spurious velocities are highly small compared to the conventional method.  

Therefore, the appropriate balance formulation was confirmed to be efficient for the numerical 

simulation of two-phase flows.  It is very interesting that even when the RDF model was employed, 

the conventional method gave almost the same results with the results base on the correct curvature 

value (this tendency was checked by comparing the spurious velocity distributions around the bubble).  

This fact indicates that the origins of the numerical errors generated in the conventional method are 

mainly on the unbalance formulation between the pressure and the surface tension.  Namely, the 

numerical errors generated in the estimation procedure of the interfacial curvature values by the 

modified RDF model are sufficiently small compared to the numerical errors induced by the unbalance 

formulation.  Therefore, we can conclude that unbalance formulations between the pressure and the 

surface tension should be primarily eliminated to employ the physically appropriate formulation. 

 

Table 2:  Maximum Norm for Spurious Velocity 

Simulation Methods 
Curvature 

Estimation 
Simulation Mesh 

Maximum Norm for 

Spurious Velocity 

Conventional Correct Structured 8.03 x 10
-7
 

  Unstructured 3.97 x 10
-6
 

 RDF Structured 8.03 x 10
-7
 

  Unstructured 4.05 x 10
-6
 

Present Correct Structured 2.51 x 10
-17
 

  Unstructured 5.46 x 10
-18
 

 RDF Structured 1.36 x 10
-9
 

  Unstructured 6.58 x 10
-10
 

 

4. APPLICATION TO RISING BUBBLE PROBLEM 

For the basic validation of our CFD method, transient behaviors of a rising gas bubble in liquid were 

numerically simulated and the simulation results were compared to the experimental data.  It is well 

known that transient behaviors of rising gas bubbles in liquid are categorized by the Morton number 

(M) and the Eotvos number (Eo).  For example, a number of experiments with different couplings of 
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the Morton and the Eotvos numbers were conducted by Bhaga et al (1981).  In our study, the 

numerical simulations were conducted for the rising gas bubble in the liquid under Bhaga’s 

experimental conditions of gas and liquid properties.  The simulation was conducted on the 

rectangular region with a height and width of 160 mm and 80 mm, respectively.  This region is 

subdivided into 80 x 40 mesh cells (structured mesh) and 3,234 triangular mesh cells (unstructured 

mesh, shown in Fig. 5(a)).  The center of the circular air bubble with a radius of 26.1 mm is initially 

located at a height of 30 mm from the bottom of the region.  The initial velocity and pressure 

distributions are zero in all locations.  We investigated numerically the transient behaviors of the air 

bubble for 0.3 second. 

The comparisons of the terminal bubble shapes between the simulation and experiment are shown in 

Fig. 5(b).  Under both Morton number conditions, the simulation results agree well with the 

experimental results even in the cases when the unstructured mesh is employed.  Therefore, it was 

confirmed that the numerical simulations by our CFD method could give physically appropriate 

solutions for a rising bubble in liquid on both the structured and unstructured meshes. 
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0
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(a)      (b)      Experiment   Structured mesh  Unstructured mesh 

Fig. 5:  Simulation Results of Rising Bubble in Liquid: (a) Unstructured Mesh, (b) Comparison of 

Terminal Bubble Shape (The experimental results are shown in Bhaga et al (1981).) 

 

5. NUMERICAL SIMULATION OF GE PHENOMENA 

Finally, we applied our CFD method to the GE phenomena in the basic GE experiment.  The basic GE 

experiment consists of a square rod and a suction tube (square tube with an inner edge length of 10mm 

and a wall thickness of 5.0mm) in a rectangular channel (Okamoto, 2003).  Working fluids are water 

and air.  The width of the channel, the initial free surface height from the bottom surface and the edge 

length of the square rod are 0.20 m, 0.15 m and 0.05 m, respectively.  The suction tube is located at 

0.05 m downstream of the square rod.  The water depth from the free surface to the suction mouth is 

0.05 m.  In the rectangular channel, inlet flow generates a wake behind the square rod when the flow 

goes through the square rod.  In the wake, vortices are generated and advected downstream.  When a 

vortex flows across the region near the suction tube, the vortex interacts with suction (downward) flow.  

The vortex core is connected to the suction mouth to be extended by the suction flow and the vortex 

strength rapidly grows up by the interaction between the vortex and the suction flow.  Accompanied 

by the vortex growth, a gas core is generated on the free surface and the stronger the vortex grows, the 

deeper the gas core develops.  Finally, when the gas core highly develops and reached to the mouth of 

the suction tube, the gas is entrained into the suction tube (occurrence of the GE).  Figure 6(a) shows 

the simulation mesh in which all mesh cells are hexahedral.  Since the GE occurs in the region near the 

suction tube, a finer mesh subdivision applied to the region is necessary for the accurate numerical 

simulations.  Therefore, the mesh cell size in the region near the suction tube is about 2.0 mm, around 

the rod region is 3.0 mm and the other regions is 6.0 mm.  As for the vertical mesh subdivision, to 

simulate the free surface deformation closely, the region near the free surface level is subdivided into 

about 2.0 mm.  The simulation was conducted under the GE condition, i.e. the condition under which 

the GE was observed in the experiment.  In this condition, the inlet velocity is 0.10 m/s and the suction 

velocity is 4.0 m/s.  In addition, the static pressure condition was applied to the outlet in the simulation. 
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Figures 6(b) and 6(c) show the simulation results for the free surface shape (the occurrence of the GE) 

and the transient vortical velocity distributions above the suction tube, respectively.  As shown in Fig. 

6(b), our CFD method succeeded in reproducing the GE occurrence observed in the experiment under 

the same condition.  In addition, it was confirmed that the GE in the simulation result was induced by 

the same mechanism with the experiment.  In other words, as mentioned above, the interaction 

between the vortex (free surface) and the suction flow induces the GE in the experiment, in the 

simulation result (shown in Fig. 6(c)), it is evident that the growth of the suction velocity towards the 

free surface extends the gas core and causes the GE.  Therefore, form these simulation results, our 

CFD method was validated to be applicable to the GE phenomena. 

 

(a)   (b)   (c)   

Fig. 6:  Simulation Result of GE: (a) Simulation Mesh, (b) Occurrence of GE, (c) Transient Vertical 

Velocity Distribution (m/s) 

 

6. CONCLUSION 

In this paper, we developed and validated a high-precision CFD method to evaluate the GE 

phenomena accurately.  First, the flow calculation method on unstructured meshes were formulated 

and verified.  As a result, our CFD method succeeded in calculating vortical flows accurately even on 

the unstructured mesh.  Second, the PLIC method was newly formulated on unstructured meshes and 

verified by solving the slotted-disk rotation problem.  In addition, the volume-conservative 

formulation was introduced to improve the simulation accuracy on unstructured meshes.  Third, the 

appropriate momentum calculation method and the appropriate balance between the pressure and 

surface tension were addressed to eliminate the unphysical behaviors (e.g. spurious velocity) generated 

in conventional methods.  Our new formulation succeeded in eliminating the unphysical behaviors 

near gas-liquid interface and deriving physically appropriate solutions.  Finally, the CFD method was 

applied to the rising bubble problem and the GE phenomena.  As a result, the simulation results of the 

rising bubble in liquid agreed well with the experimental data.  In addition, the occurrence of the GE 

in the basic GE experiment was reproduced by the simulation.  These validation results show that our 

CFD method is confirmed to be applicable to the numerical simulation of the GE phenomena. 
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Abstract 
 

 The experimental program that is being conducted at the Matched Index-of-Refraction (MIR) Flow 

Facility at Idaho National Laboratory (INL) to obtain benchmark data on measurements of flow 

phenomena in a scaled model of the lower plenum of a typical prismatic gas-cooled reactor (GCR) using 

3-D Particle Image Velocimetry (PIV) is presented. A detailed description of the model, scaling, the 

experimental facility, 3-D PIV system, measurement uncertainties, experimental procedures and samples 

of the data sets that have been obtained are included. Samples of the data set that are presented include 

mean-velocity-field and turbulence data in an approximately 1:7 scale model of a region of the lower 

plenum. This experiment has been selected as the first Standard Problem endorsed by the Generation IV 

International Forum. 

 Results concentrate on the region of the lower plenum near its far reflector wall (away from the outlet 

duct). Inlet jet Reynolds numbers (based on the jet diameter and the time-mean flow rate) are 

approximately 4,300 and 12,400. The measurements reveal undeveloped, non-uniform flow in the inlet jet 

ducts and complicated flow patterns in the modeled lower plenum. Data include three-dimensional vector 

plots, data displays along the coordinate planes (slices) and charts that describe the component flows at 

specific regions in the model. Information on inlet flow is also presented. 
 

1.  INTRODUCTION 
 

 The Very High Temperature Reactor (VHTR) is the most likely candidate for the Next Generation 

Nuclear Plant (NGNP).  Because of the high temperatures characteristic of the VHTR, it is important to 

be able to simulate the turbulent flow in the reactor, especially in the lower plenum in order to ensure that 

large temperature gradients are not present in the coolant that could adversely impact structural materials. 

It is recognized that to simulate the flow in the VHTR lower plenum, advanced CFD codes using 

appropriate turbulence modeling will be necessary.  

 The objectives of the experimental and computational research programs conducted at INL are (1) to 

build accurate, reliable numerical simulation models of important VHTR thermal-hydraulic phenomena, 

(2) to provide benchmark data for the assessment and improvement of thermal-hydraulic codes proposed 

for evaluating the VHTR designs, and (3) to begin preliminary code development and assessment tasks 

based on identified modeling needs and existing data. 

 Feasibility studies for VHTR designs will require accurate, reliable predictions of material 

temperatures to evaluate the material capabilities. In a prismatic VHTR, these temperatures depend on the 

thermal convection in the coolant channels for the core and in other important components. 

Unfortunately, correlations in one-dimensional system codes for gas-cooled reactors typically 

underpredict these temperatures, particularly in reduced-power operations and hypothesized-accident 

scenarios. Likewise, some turbulence models in general purpose CFD codes provide optimistic 

predictions in the sense that surface temperatures are typically under-predicted (Mikielewicz et al., 2002 

and Richards et al., 2004). These treatments are further complicated by the non-homogeneous power 
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distributions with strong peaking that can occur, in addition to buoyancy, strong pressure gradients and 

gas property variations in the channels. The U.S. Department of Energy (DOE) needs improved modeling 

capabilities, independent from the sometimes simplistic approaches employed by reactor vendors. These 

computational capabilities need, in turn, to be validated by comparison to experimental and analytical 

benchmark data.  

 McEligot et al. (2005) reported six areas of thermal hydraulic phenomena in which the application of 

improved CFD and system thermal-hydraulic analytical techniques can be used in the design and safety 

analyses of a prismatic VHTR. Several of these phenomena are pertinent to pebble bed versions of the 

VHTR as well. Initial studies concentrate on coolant flow distribution through the reactor core channels 

and mixing of hot jets in the reactor lower plenum. These phenomena are important both in normal 

operation and in accident scenarios. This paper addresses the mixing of hot jets in the lower plenum of the 

reactor. 

 INL has developed a large Matched-Index-of-Refraction (MIR) flow system that uses optical 

techniques, such as laser Doppler velocimetry (LDV) and PIV, to obtain flow field measurements in 

complex passages without disturbing the flow. The refractive indices of the fluid and the model are 

matched so that there is no optical distortion. The large size provides good spatial and temporal resolution 

and provides a means to measure flow fields, turbulence and mixing in the complex geometry of a 

prismatic VHTR lower plenum. The resulting data may be employed to assess CFD codes and their 

turbulence models for the limiting case of dominant forced convection where temperature can be 

considered to be a passive scalar. A code must be validated against these data before it can be considered 

for extension to include more complicated phenomena (e.g., buoyancy influences, property variation). 

 The general approach of the overall project is to develop new benchmark experiments for assessment 

in parallel with CFD and coupled CFD systems code calculations for the same geometry (see Johnson et 

al. (2006)). The velocity and turbulence fields measured in the MIR flow system will be used to assess the 

capabilities of the CFD codes and their turbulence models and to provide guidance in improving the 

models. A model of the lower plenum based on the point design of the NGNP (MacDonald et al., 2003) 

was developed and employed in this experiment.  

 McEligot and McCreery (2004) conducted scaling studies and conceptual designs for flow and heat-

transfer experiments intended to assess CFD codes and their turbulence models proposed for application 

to prismatic VHTR concepts. Condie et al. (2005) documented the design of the present experiment to 

measure generic flow phenomena expected to occur in the lower plenum of a typical prismatic VHTR. 

The products of these efforts resulted in the fabrication and installation of a scaled model of the region of 

a typical VHTR lower plenum that is near the outer reflector wall, away from the plenum outlet. 

 The objective of this paper is to document the data set that has been established as benchmark data for 

flow phenomena in a lower plenum model of a typical prismatic gas-cooled reactor for the validation (as 

defined by Roach (1988)) of CFD codes. 
 

2.  MODEL SCALING 
 

 Prismatic NGNP concepts were examined to identify their proposed geometries and flow conditions 

at nominal full-power operation and at ten per cent power.  Approximate analyses were applied to 

determine key non-dimensional parameters and their magnitudes at these two power levels.  

 

2.1 Scaling Model Inlet Flow from the Reactor Core Cooling Channels 
 

In the prismatic NGNP Point Design the cooling channels are simple vertical, circular tubes with 

complexity arising due to the spatial variations in local fission rate and the temperature dependencies of 

the gas properties. Scaling studies, conceptual experiment designs for application to the lower plenum 

experiment and estimates of some of the non-dimensional parameters are presented in McEligot and 

McCreery (2004). The scaling studies and estimates based on the coolant channel designs for the standard 
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fuel blocks and the control blocks indicate that quasi-fully-developed, turbulent flow is expected in the 

cooling channels.  

Also, the Reynolds number based on gas bulk velocity and hydraulic (or jet) diameter, Re, non-

dimensional heat flux, q+
, acceleration parameter, VK (for streamwise acceleration as density decreases), 

and a buoyancy parameter, *Bo  were estimated at the entrance, mid-height and exit of the coolant 

channels (for both power levels) (see McEligot and McCreery (2004) for a discussion of these non-

dimensional parameters). These estimates establish that the range of duct outlet Reynolds numbers varied 

from about 57000 for the nominal full-power level to about 2300 at the ten per cent power level. 

Additionally, over this range q+
, VK  and *Bo  were sufficiently low relative to their thresholds to 

establish that the flow from the outlets of the jet inlet ducts would be turbulent and that acceleration, 

buoyancy effects and gas property variation across the channels would not be significant.   

 

2.2 Scaling Model Lower Plenum Flow 
 

As shown in Figures 1 and 2, the hot flow from the coolant channels through the lower plenum to the 

hot core outlet duct encounters a very complicated geometry. Flow from the coolant channels is brought 

to the corners of the lower reflector blocks supporting the active core (see Figure 1).  At these corners 

short ducts carry the flow vertically down into short inlet ducts above the plenum. From the inlet ducts the 

flow emerges into the plenum as hot jets.  The cross sections and flow rates of these ducts differ 

depending on whether the corners -- at which they are located -- are common to three, two or one active 

column. There are four rows of jets under the active core then none under the central reflector, as in the 

model (see Figure 2). In the plenum, circular graphite posts support the active core and the inner and outer 

reflector columns; differing diameters of these posts lead to differing 

pitch-to-diameter ratios in the array of posts.  

The flow in the lower plenum can locally be considered to be 

multiple jets streaming into a confined density-stratified crossflow 

with obstructions. Since the flow converges ultimately to a single 

lower plenum outlet, the hot jets encounter different crossflow 

velocities depending on their locations relative to the outlet. The jets 

furthest from the plenum outlet essentially exhaust into stagnant 

surroundings between the posts near the reflector wall and the 

reflector wall, with the exception of the flow which the jets induce. 

The last row of jets before the plenum outlet encounters cross-flow 

from all the other jets. 

For a  single-hole corner channel (i.e., the duct along the corner 

of a single active outer column with two inactive solid columns 

adjacent), the bulk velocity at 1000 ºC is about 25 m/s (80 ft/s) and 

the resulting jet Reynolds number is about 90,000. One might expect 

these jets to travel along the corners of the adjacent solid vertical 

reflector-wall as wall jets and then to impinge on the plenum floor. A 

plenum Reynolds number at the passage between the first row of 

posts encountered would be about 24,000, based on the hydraulic 

diameter of the opening between the posts. 

For the flow between the row of posts before the last row of jets 

near the plenum outlet, the plenum bulk velocity would be about 40 

m/s (130 ft/s), still a low Mach number. The plenum Reynolds 

number in this region would be about 3 x 10
6
.  The velocity ratio VJ/VP would be about 0.6. Even 

without buoyancy effects (if the jet is hot relative to the crossflow) and drag by nearby posts, the 

estimated jet penetration would be less than two jet diameters which would be less than a fifth of the 

 

Fig. 1: Diagram of transition 
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NGNP concept. 
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distance to the plenum floor. Estimation of the acceleration parameter, for flow from the lower plenum 

converging into the plenum outlet duct, indicated that laminarization might occur at reduced power but 

not in normal full power operations. Approximate analyses were conducted to examine whether 

significant influences of buoyancy should be expected for the jets entering the lower plenum or for the 

near horizontal flow within it.  Nominal operating conditions were considered.  For a 300 ºC temperature 

difference and Tb = 1000 ºC, the approximations indicate that the jets should be considered to be 

effectively momentum-driven at full power and at one-tenth power. That is, buoyancy in the jets would 

not be expected to have a significant 

influence on jet interactions with the flow in 

the plenum. 

A second approximate analysis was 

conducted to estimate when a temperature 

gradient will stabilize a horizontal turbulent 

channel flow, thereby leading to reduced 

thermal transport near the upper surface.  

The analysis concluded that for full power, 

buoyancy influences are probably not 

important, but for ten per cent power, 

buoyancy may be is important at the side of 

the lower plenum away from the plenum 

outlet but not near the plenum outlet. 

Thus, experiments without buoyancy effects (as in those conducted in the INL Matched-Index-of-

Refraction Flow System) should provide useful benchmark data for assessing CFD codes for some lower 

plenum flows. 

 

3. Matched-Index-of-Refraction Facility 
 

Velocity field measurements were taken in the MIR closed-loop flow system located at INL in Idaho 

Falls, Idaho (Figure 3). Stoots et al. (2001) presents a detailed review of this system. The system consists 

of a stainless steel closed flow loop with three polycarbonate and glass test sections. The facility can 

operate with water or light mineral oil as working fluid. The working fluid for this experiment was light 

mineral oil that is circulated (clockwise in Figure 3) by an axial pump powered by a 56 kW (75-hp) 

variable speed electric motor that can provide a maximum volumetric flow rate of approximately 0.6 m
3
/s 

of mineral oil through the test section. This maximum volumetric flow rate corresponds to a maximum 

test section inlet velocity of approximately 1.7 m/s. The test section includes three chambers that are 

constructed of 3.8 cm thick polycarbonate supported by a stainless steel framework. Each chamber is 

fitted with a removable lid. The test section inside dimension is 0.61m square and it is 2.44 m long. Both 

sides of each chamber of the test section are equipped with glass window inserts in the side panels to 

accommodate high quality measurements with LDV and/or PIV systems.. 

 Mineral oil in the primary flow loop flows around the model for temperature control of the external 

surfaces of the model. The mineral oil temperature is maintained with a temperature control loop as 

shown in the lower right corner of Figure 3. The temperature control loop extracts approximately 300 

L/min of mineral oil from the primary flow loop and pumps it  through a glycol-cooled heat exchanger 

and a 10 kW DC heater where it is filtered, and then re-injected into the primary flow loop. This 

temperature control system can maintain the fluid temperature in the test section to within ± 0.05 ºC of the 

specified index-matching temperature. An additional auxiliary flow loop (shown in the upper left corner 

of Figure 3), with a similar temperature control system, is used to provide fluid for the interior-model 

flows. Fluid is extracted from the primary flow loop and routed to a 5 kW (7 hp) pump that produces flow 

to the model inlet jets. To maintain the required working fluid temperature, a portion of this fluid is 

extracted from the auxiliary flow loop and routed through a parallel auxiliary temperature control loop. 

As in the primary temperature control loop, the mineral oil is cooled and reheated before returning to the 

 
Fig. 2: Typical lower plenum geometry of the NGNP 

concept. 
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auxiliary flow loop and into the model inlet jets. Control instrumentation includes thermistors, flow 

meters, data acquisition, and computer controls. 

 

 
Fig. 3: MIR Facility. 

 

4. PARTICLE IMAGE VELOCIMETRY (PIV) SYSTEM 
 

 Velocity field measurements were obtained with a 3-D PIV system from LaVision, Inc
∗
. The 3-D PIV 

system consists of two ImagerPro Plus digital CCD cameras and a double-pulsed Nd: YAG laser from 

Big Sky Laser. The system is controlled with DaVis 7.1 software. DaVis is a CCD image acquisition 

program developed by LaVision and controlled by a LaVision dual-processor Programmable Timing Unit 

(PTU). The PIV system cameras are mounted on a 3-directional traverse system that is controlled by three 

separate electric stepping motors. The cameras can be positioned and re-positioned to within 2 µm 

accuracy using linear stages and digital readouts at the operator's station. The spanwise laser position is 

also controlled with an electric stepping motor. The laser can be positioned to within 5 µm with an optical 

linear stage on the laser and a digital readout located at the operator's station. The PIV system laser was 

mounted below the test section (Figure 3) and produced a vertical light sheet approximately 2 mm thick. 

Both of the PIV system cameras were mounted on one side of the test section and aligned in a horizontal 

plane for camera views effectively normal to the vertical light sheet. 

4.1 Seeding Particle Effects on Mineral Oil Flow 

 
                                                           

∗
 References herein to any specific commercial product, process, or service by trade name, trademark, 

manufacturer, or otherwise, does not necessarily constitute or imply its endorsement, recommendation, or favoring 

by the U.S. Government, any agency thereof, or any company affiliated with the Idaho National Laboratory. 
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 One approach to examine the question of particle motion, relative to fluid motion i.e., to what extent 

the measured particle velocities represent the desired fluid velocities, is in terms of settling velocity or 

terminal velocity due to gravity. The terminal velocity for a small particle falling through a stagnant fluid 

due to gravitational forces can be estimated via a force balance for steady motion, 

 

( )34
0 6

3
p f f

dV
a a V

dt
π ρ ρ π µ φ = = − − 

 
  (1)  

 

where a is the particle diameter, ρρρρp is the particle density, ρρρρf is the fluid density, µµµµf is the fluid viscosity, 

and V is the settling velocity. The first term is the difference between the gravitational force and 

buoyancy while the second represents drag on the particle. The quantity, φφφφ� is a correction factor relative to 

Stokes drag; it approaches unity as the particle Reynolds number approaches zero. This relation can be 

rearranged to yield the settling velocity as 
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 For our particles of about 1.7 g/cc and radii of 10 µm, this estimate gives about 0.02 mm/s or less and 

Rep ≈ 3 x 10
-5
. The lowest flow velocity we might encounter is about 1 cm/s. Thus, from this approach the 

particles are expected to follow the flow adequately. 

 

 A second approach is to examine the particle drift velocity and density effects as described by Foster 

(2005). Foster described the particle drift velocity as 
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where dp is the particle diameter. Additionally, Foster reports that a density ratio greater than ~ 0.1 would 

indicate that turbulent effects are significant. For this second approach, our particle drift velocity is 

approximately 7.5 x 10-7 m/s and the density ratio is approximately 7.9 x 10-6. Therefore, since both 

values are negligible both particle drift and turbulence effects are expected to be insignificant. 

 

5. EXPERIMENTAL MODEL 
 

Figure 4 is a photograph of the model that was installed in the MIR test section. The model is 

fabricated from fused quartz and carefully positioned, located and fixed in the test section (see Appendix 

A by Condie et al. (2005) for detailed drawings of the model). Table 1 lists some of the key parameters of 

the model. Mineral oil from the auxiliary loop enters into the model jets on the top of the model via two 

inlet jet elbow manifolds like the aluminum manifold shown on top in Figure 4. The four inlet jet flow 

rates are individually controlled and measured by large Series 2600 Hi-Accuracy Flowmeters from 

Flowmetrics, Inc. The four inlet jet flows merge in the lower plenum and flow toward the outlet (left) end 

of the model where the flow exits and merges with the primary loop flow. The four jet inlet flows are 

individually conditioned in the elbow manifolds to model flow characteristics expected to be present in 

the actual GCR cooling channels that the inlet jets are simulating. Key requirements for the inlet-jet flows 

are that they are moderately turbulent, uniform and contain negligible swirl. When the working fluids 
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reach the inlet jet elbow manifolds the flows are turned and straightened, then pass through a honeycomb, 

through a screen, and finally through a turbulence generator to induce desired levels of turbulence before 

entering the inlet jets.  

6. EXPERIMENTAL PROCEDURES 
 

 The primary loop axial flow pump circulated the mineral oil around the exterior of the model for 

index-matching temperature control (see Table 2). A jet Reynolds number of 4300 was chosen because it 

was the lowest Reynolds number that would 

reasonably produce a mixed-turbulent flow 

in the lower plenum. The higher Reynolds 

number (12400) was the largest Reynolds 

number attainable in our system.  

 The temperatures of both the primary 

flow loop and auxiliary flow loop were 

controlled with LabVIEW™ software. The 

temperature control system maintained the 

oil temperature to within ± 0.05 °C of the 

calculated index-matching temperature 

(~23.3 ºC) in the model and to within ± 0.03 

°C of the index matching temperature in the 

primary flow loop. The facility remained at 

a constant, steady state condition throughout 

the data collection periods. Temperature 

records for all data collection files are 

archived on the temperature control 

computer. Laser power, Q-Switch delays, 

and the time between frames of the double-

image cameras (dt) were adjusted using the 

Interactive Mode in the DaVis 3-D PIV software.  

 In an effort to balance the requirement for high resolution data and to keep the size of data files within 

reasonable limits (for data processing and data storage considerations), the collection effort on the model 

was divided into eight regions. The lower plenum area of the model was divided into six regions and, for 

Table 1: Model Parameters 

Properties Value 

Model length 558.80 mm 

Model height 306.40 mm 

Model width 104.78 mm 

Channel height 217.50 mm 

Channel width 53.98 mm 

Post height 217.5 mm 

Jet inlet diameter 22.10 mm 

Centerline distance between posts 93.50 mm 

Ratio of plenum height to post 

diameter 

6.85 

Ratio of jet diameter to post diameter 0.7 

 

Ratio of channel width to post 

diameter 

1.7 

Fig. 4: Quartz model. Post diameter 31.75 mm 

Table 2: MIR Facility and PIV Parameters 

  Parameter ReJ 4300 ReJ 12400 
MIR 

Main lop flow (m/s) 0.18 0.23 

Jet No. 1 Flow Rate (gpm) 11.25 32.11 

Jet No. 2 Flow Rate (gpm) 16.75 48.14 

Jet No. 3 Flow Rate (gpm) 16.75 48.14 

Jet No. 4 Flow Rate (gpm) 16.75 48.14 

PIV  

Pixel size 7.4 µm 7.4 µm 

Interrogation window 64x64-50% 

overlap then 

32x32-50% 

overlap 

64x64-50% 

overlap then 

32x32-50% 

overlap 

Camera Mode 3-D Cross 

Correlation 

3-D Cross 

Correlation 

Image Acquisition Method RAM (fast) Standard 

Acquisition – Number of 

Images 

170 750 
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the higher ReJ flow study, the inlet jet area was divided into two regions (one region for each pair pf jets). 

Additionally, in order to collect (3-D) data across the entire width of the model channel (spanwise) the 

laser and cameras were sequentially positioned at 23 different spanwise planes. The laser-light sheet was 

adjusted to a thickness of about 2 mm which allowed for complete coverage of the model except for an 

area near the model walls where the laser-light sheet was blocked by O-ring seals. Therefore, each region 

of the lower plenum consisted of 23 PIV image files–one file for each spanwise plane. The inlet-jet 

regions only required 11 planes/files to cover the full width of the jets.  

Because of the refractive index difference between the air space where the cameras operated and the 

mineral oil where the light sheet was located, it was necessary to coordinate the movement of the two 

digital cameras relative to the movement of the laser-light sheet. This coordination was accomplished 

with a MATHCAD code. The code used the mineral oil temperature to determine the index of refraction 

of the mineral oil and the camera angles relative to the laser-light sheet reported by the camera calibration 

procedure to calculate a movement ratio for the camera movement relative to the laser light sheet 

movement. This ratio was typically between 0.62 and 0.68, that is, for a movement ratio of 0.66, a 2 mm 

shift of the laser-light sheet required the camera support to be moved about 1.32 mm. Table 2 summarizes 

the settings used on the MIR facility and PIV systems. 

Data post-processing of the acquired images was accomplished with DaVis 7.1 software. The post-

processed data were then transferred from DaVis to a secondary PC where data were organized and 

displayed with TecPlot 360™ and/or MS Excel software. The total processing time exceeded 900 hours 

of computer time and produced approximately 2 TB of data. 

7. UNCERTAINTY ESTIMATES 
 

The objective of uncertainty analysis is to develop an understanding of the estimated experimental 

uncertainties in the results. For proper benchmark databases, the experimental uncertainties of all 

measured quantities and their propagation into the results must be obtained quantitatively. In a 

complicated experiment such as this, some 

experimental uncertainties can be expected 

to vary significantly with position as the 

local velocities vary. McEligot et al. (2007) 

present a detailed analysis of the 

experimental uncertainty estimates for this 

study. Table 3 is a list of some of the 

uncertainty estimates. 

8. EXPERIMENTAL RESULTS 

 

The objective of the experimental 

program was to obtain velocity field 

measurements for CFD code assessment. 

To accomplish this objective the flow 

inside the lower plenum model was 

characterized with velocity-vector fields 

and fourteen scalar quantities. McIlroy et 

al. (2007) provide a list that defines the 

vector and scalar field measurements that 

were obtained. Since uniform time intervals 

were employed, the time-mean statistics are 

calculated from suitable arithmetic averages of the stored data. 

 The data set presented here is a sample of the high flow (ReJ ~ 12400) data available for code 

assessment. Due to the tremendous volume of data obtained and the complicated nature of the flow, only 

Table 3: Estimated Uncertainties 

Parameter Uncertainty Parameter Uncertainty 

Pixel 

displacement 

0.3 pixels Image 

distance 

± 0.16 mm 

Timing ~ 0.001% Fluid 

temperature 

± 0.05 ºC 

Lightsheet 

thickness 

10% Fluid 

density 

~ 0.2% 

Velocity ~ 0.3% - 

1.2% 

Dynamic 

viscosity 

~ 2% 

Turbulence 

intensity 

~ 1.8% Kinematic 

viscosity 

~ 0.2% 

Scatter in 

velocity 

statistics 

~ 0.4% - 

10% 

Refractive 

index 

~ 0.02% 

Mean square 

fluctuations 

~ 1.3% - 6% Geometry ~ 0.2% 

Camera 

position 
± 2 µm Flow rates 0.8% - 8.4% 

Laser 

position 
± 5 µm Reynolds 

numbers 

1% 
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a brief analysis is presented. Data at specific locations will be presented along with a brief description of 

some of the major phenomena observed in the flow.  

Figure 5 is a mean vector plot of the 

flow along the centerline of the model 

calculated from 750 PIV image pairs. The 

white regions between the vector groups 

represent the model support posts. Flow 

enters the model vertically from the four 

inlet jets located at the top-right corner of 

the plot and streams downward into the 

lower plenum where it interacts with the 

support posts and reflector wall, and then 

gradually turns toward the left and flows 

toward the model exit located to the left of 

the figure. The dashed line in the diagram 

above the figure shows the location of this 

data plane. Figure 6 is a streamline plot of 

this flow.  

Three major structures are visible in 

Figures 5 and 6 as shown by the three red 

circles: the recirculation zone in the lower 

right corner, the recirculation zone near the mid-height of the model between the first two support posts, 

and the recirculation zone near the top of the model on the downstream side of the second and third 

support posts. Three secondary structures are also visible: the line of merging flow below the two 

downstream (left) pair of jets and just downstream of the first support post from the bottom of the model 

to just below the second recirculation zone noted above, the line of merging flow just downstream of the 

second support post, and the line of merging flow that extends along the full model height on the 

downstream side of the third support post. 

 The first recirculation zone is formed by the first pair of inlet jets and their interaction with the 

reflector wall, first support post, and the bottom of the model. The flows from the two jets merge quickly 

near the top of the model and are channeled downward between the first support post and reflector wall. 

As the flow approaches the bottom of the 

plenum the major portion of this flow 

turns to the left, flows around the first 

support post, and interacts with the flow 

from the second pair of jets. A small 

portion of this flow is forced to the right 

where it encounters the reflector wall and 

creates a recirculation zone. Some of this 

recirculating fluid is forced up the 

reflector wall where it interacts with the 

downward flow from the jets and is 

subsequently reversed and forced toward 

the bottom of model plenum.  

The second major structure is the 

recirculation zone that is formed by the 

flow from the second pair of jets. These 

flows also merge near the top of the 

plenum and are channeled downward in the area between the first and second support posts where they 

interact with the flow from the first (upstream) pair of jets that has passed around the first support post. 

This interaction results in a portion of the flow rising up the downstream edge of the first support post, 

 

 
Fig. 5: Mean Vector Field for ReJ ~ 12400. 

 
Fig. 6: Mean Streamlines for ReJ ~ 12400. 

Inlet 

jets 

Outlet Plane 
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causing a second recirculation zone about half way up the downstream edge of the first support post. The 

remainder of the flow generates a wake behind the lower portion of the second support post and then 

begins to flow toward the model exit (toward the left). 

 The third major structure is formed as 

the flows from both jet pairs merge and 

begin to flow toward the exit and interact 

with the second support post. Because no 

fluid is entering the plenum downstream of 

the second support post (no inlet jets above 

this region which corresponds to the central 

section of an annular core/plenum), the fluid 

flows around the second post, forms a wake 

and begins to rise to fill the upper portion of 

the model.  

A portion of this flow near the top of 

the plenum is moves to the right on the 

downstream side of the second support post, 

and then downward forming the third 

recirculation zone. The flows in the bottom 

half of the model on the downstream side of 

the second support post merge and move 

toward the model exit. The flow then moves 

around the third support post, merges in a 

wake on the downstream side of the post, 

and gradually flows toward the left and 

slightly upward as it moves toward the 

model exit. 

 Finally, a small recirculation zone is 

evident on the downstream side of the third 

support post. This flow appears to be a 

result of the recirculating flow on the 

upstream side of the post. On the 

downstream side of the post the upper 

portion of the flow moves downward until it 

joins the flow moving upward from the 

bottom of the model. These two flows 

merge and move around the post where they 

join the recirculation zone between the 

second and third posts. 

 Figure 7 displays values of mean Vy 

(vertical velocity component) on a plane 

along the centerline of the model in the 

regions below the four inlet jets. The small 

diagram above the figure describes the 

spanwise location of the data slice. At the 

y~-70 mm below the top of the plenum, the 

vertical velocity under the jets (vertical 

momentum with no imposed crossflow) is 

substantial and downward. Lower in the 

plenum (at y~-150 mm), the flow under the 

 
Fig. 7: Mean Vy along model centerline beneath four inlet 

jets at y ~ -70 mm (top) and y ~ -150 mm (bottom). 

 
Fig. 8: Mean Vy  along spanwise plane between jets 3 and 

4 at y ~ -70 mm (top) and y ~ -150 mm (bottom). 

-10

-8

-6

-4

-2

0

2

80100120140160180200220240

Mean

Velocity

(m/s)

x (mm)

ReJet~4300

ReJet~12400

-10

-8

-6

-4

-2

0

2

80100120140160180200220240

Mean

Velocity

(m/s)

x (mm)

-8

-7

-6

-5

-4

-3

-2

-1

0

1

2

-15 -10 -5 0 5 10 15

z (mm)

Mean

Velocity

(m/s)

-8

-7

-6

-5

-4

-3

-2

-1

0

1

2

-15 -10 -5 0 5 10 15

Mean

Velocity

(m/s)

z  (mm)

ReJet~4300

ReJet~12400



DRAFT 

 11 

jets in the ReJ 4300 case has reversed (flows slightly upward) and the flow in the ReJ 12400 case shows a 

flow reversal (slightly upward flow) under jets 3 and 4. 

Figure 8 displays values of mean Vy (vertical velocity component) in a spanwise line from the vertical 

data slice between the posts below jets 3 and 4 as shown in the diagram above the figure. At y~-70 mm 

depth, the vertical velocity is substantial and negative (downward) from the inlet-jet flows entering the 

lower plenum from jets 3 and 4. Lower in the plenum (at y~-150), the vertical flow reverses and moves 

upward to form the lower part of the recirculation zone noted earlier. The asymmetry in the flow in Figure 

8 is due to asymmetries in the inlet jet flows caused by the model of the outer reflector wall and 

differences in the flows (see Figure 9). 

Figure 9 displays the inlet jet mean Vy (vertical) velocity profiles within the jet inlet ducts for the ReJ 

12400 case. The dashed lines represent the centerline location of the inlet duct walls. Jet No. 1 is on the 

right, inlet jets 2, 3, and 4 are to the left. The profiles were measured at a level inside the inlet ducts 11 

mm above the opening into the plenum 

(y/DJ ~ 0.5 to the exit plane). 

The eleven velocity profiles near the 

exit of each jet inlet duct display 

developing, turbulent flow in the ducts. 

Jet No. 1 is smaller than the other jets 

because 1/3 of this jet is filled, as in a 

prismatic reactor, by the reflector wall. 

These profiles were extracted from the 

raw data files using the locations of the 

jets from fabrication drawings and 

analysis of the flows close to the jet 

walls. It is noteworthy that results of 

numerical integrations using both the 

Trapezoid Rule and Simpson’s Rule 

produce an inlet volume flow rate of 

169.7 gpm – which is only 3.9% less than 

the volume flow rate measured by 

calibrated flow meters upstream of the 

jets. The estimated uncertainty in the 

measured flow rate is approximately 1% 

- 3% and the estimated uncertainty in the integrated flow rate is approximately 0.4% to 1.2%. 

 

9. STANDARD PROBLEM  

 
A challenge of designing and licensing the VHTR is to confirm that the intended analysis tools can be 

used confidently to make decisions and to assure that the reactor systems are safe and meet the 

performance objectives of the Generation IV Program. The research and development projects at INL will 

ensure that the tools used to perform the required calculations and analyses are accurate and reliable.  
CFD analyses will be a major component in the analysis suite that will be required to design and 

license the VHTR so the reactor can operate at maximum outlet temperatures and efficiencies. Only CFD 

analysis tools have the capability to determine where localized hot spots will occur in the reactor and also 

whether or not unacceptably large thermal gradients are present.  

The calculational envelope of the CFD tools used to analyze the behavior of the VHTR is defined by 

the scenarios and phenomena that these tools can calculate with confidence.  CFD tools can only be used 

confidently when the results they produce have been shown to be in reasonable agreement with first-

principle results, thought-problems, and data that describe the “highly ranked” phenomena inherent in all 

operational conditions and important accident scenarios for the VHTR. Reasonable agreement is achieved 
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Fig. 9: Mean  Vy  in inlet jets for ReJ ~ 12400 at y ~ 11 mm ( 

y/DJ ~ 0.5), -10 mm < z <+10 mm (0 < r/rj < 0.9) @ 2 mm 

intervals. 
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when the calculation generally lies within the uncertainty band of the data used for validation and always 

shows the same trends as the data and when code deficiencies are minor. 

Presently, the CFD tools to be used for analyzing the VHTR are not ready to perform design and 

analysis, nor are they ready for licensing calculations to the standard that will be required by the VHTR.  

Considerable validation and, perhaps, development of the software tools is required. Additionally, 

practices and procedures are required for both validating and developing the necessary CFD software that 

are acceptable to the nuclear community. 

 The validation process is based on developing a set of standard problems that will populate a 

validation matrix for the various tools. The standard problems are defined by the Generation IV 

International Forum Standard Problem Committee, which defines its standard problems on the basis of 

comprehensive phenomena identification and ranking tables (PIRT) (Lee et al., 2005).  The standard 

problems, which are defined using high-quality data sets with known uncertainty bands, are the measures 

used to determine whether or not an analysis tool is capable of calculating the required phenomena.  The 

members of the Standard Problem Committee are experts in the potential scenarios that are projected to 

be important in the VHTR.   

 The standard problems are passed to the Problem Oversight Committee. Members of this committee 

are experts in using and validating the analysis tools.  Some members of this committee were specifically 

chosen due to their expertise in other industries where CFD is widely used.  This committee defines the 

practices and procedures that must be used to perform the standard problems, and they also distribute the 

standard problem to the participants.  Finally, the Problem Oversight Committee is responsible for 

coordinating the comparisons between the participants’ solutions and the experimental results, including 

the evaluation of the validation.  It is understood that many of the standard problem’s calculations will be 

“blind”, that is, the participants will not be privy to the experimental data while their calculation is in 

progress. 

 Standard problems form the basis for determining whether a software tool is capable of analyzing the 

behavior of a reactor system undergoing a review for an operating license.  The term “standard problem” 

stems from the use of the data sets that make up these problems as a measure (hence, a standard) to 

determine the acceptability of the software. 

 Standard problems consist of data sets that have the following characteristics: 

a. The data set describes a phenomenon, or a set of phenomena, that influences the behavior of an 

important figure-of-merit.  That is, given that the figure-of-merit is the reactor vessel wall temperature, 

which must be less than a predetermined value, then important phenomena are those that significantly 

influence the reactor vessel wall temperature.  Such phenomena are identified in phenomena identification 

and ranking studies and are documented (Lee et al., 2005). An example of such a phenomenon is the 

turbulent mixing of hot exit gases in the lower plenum of the reactor vessel because hot jets with an 

above-average temperature may impinge on the outlet plenum wall and perhaps cause a local hot spot on 

the reactor-vessel wall. 

b. The phenomenon given in the standard problem data set, although it may be measured in a 

reduced-scale system, can be scaled to the full-sized system using accepted scaling practices.  The scaling 

studies that link the experimental apparatus and data to the full-sized system are documented in a report. 

c. The standard problem data set has been shown to measure the data required to determine whether 

the software systems are capable of calculating the important phenomenon.  

d. The standard problem data set has uncertainties associated with each data point. 

e. The quality assurance procedures used to design the experiment, build the experiment, and 

conduct the experiment are consistent with NQA-1 requirements. 

 The experiment and results summarized in this paper are intended to assess CFD software and the 

experiment described herein meets the requirements identified in subparagraphs a – e above. 

10. CONCLUDING REMARKS 
 

 The model design and MIR flow facility produced satisfactory flow conditions, as recommended by 
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previous scaling studies and model design. As a result of the experiments described in this paper, the 

objective of developing benchmark databases for the assessment of CFD solutions of the momentum 

equations, scalar mixing and turbulence models for typical prismatic VHTR plenum geometries in the 

limiting case of negligible buoyancy and constant fluid properties has been met. Additionally, the data 

obtained from these experiments meet the requirements of a standard problem as defined above. 

 Preliminary measurements of velocity components have been compiled for a low-power case of ReJ ~ 

4300, and detailed measurements of the flow field for the maximum achievable flow rate in the present 

MIR facility of ReJ ~ 12400 have also been completed. The data have been documented to identify and 

report estimated uncertainties of the measurements and have been collected into various formats suitable 

for release to the CFD community and others, as necessary. Future plans include distribution of 

instructions to obtain data sets and points of contact at INL. 
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12. NOMENCLATURE 
 

Symbol Definition Symbol Definition 

DC Coolant channel diameter rJ Jet duct radius 

DJ Jet diameter ReJet 
Reynolds number based on jet 

diameter and jet bulk velocity 

DP Support post diameter Tb Bulk temperature 

gpm Gallons per minute VJ Jet bulk velocity 

H Lower plenum height VP Plenum bulk velocity 

LC Coolant channel length x Streamwise (model length) direction 

LS Support block length y Vertical (model height) direction 

r Radius z Spanwise (model thickness) direction 
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Abstract 

In Japan Atomic Energy Agency, an innovative sodium cooled fast reactor of 1500MWe class, JSFR, 
has been investigated on the Fast Reactor Cycle Technology Development project.  A compact reactor 
vessel (R/V) and a column type upper inner structure with a radial slit for an arm of a fuel-handling 
machine are adopted.  These result in increase of the spatial-averaged velocity on the horizontal cross 
section of the R/V by factor of 2.5.  These high velocities may cause gas entrainment at the free 
surface in the upper plenum and also the cavitations.  Therefore horizontal dipped plates (D/P) are set 
below the free surface to prevent the gas entrainment.  We performed two water experiments using an 
1/10th scaled full-sector model of the upper plenum of R/V and a large scaled partial model.  The flow 
optimization in the upper plenum was performed in the full-sector model.  It was observed in the large 
scaled model that the gas entrainment occurred under the extreme velocity conditions which were far 
from the rated condition in the reactor design of JSFR.  Consequently, there is a chance for this design 
of the compact reactor vessel to suppress the gas entrainment and cavitation. 

1.   INTRODUCTION 

 In fast reactors, an improvement of cost performance is of importance as well as safety.  In Japan 
Atomic Energy Agency (JAEA), various types of fast reactors have been investigated as the Fast 
Reactor Cycle Technology Development (FaCT) project (Kotake, 2008).  In the FaCT project, an 
advanced loop type sodium cooled fast reactor with 1500MWe class core (JSFR) has been investigated 
(Shimakawa, 2002).  A design study is undergoing for this plant.  Figure 1 shows the overview of the 
JSFR.  The reactor system is simplified to reduce construction cost, so as to compete with a future 
commercial light water reactor and also to keep safety.  For example, thermal output is increased 
against the reactor size, an intermediate heat exchanger 
and a main primary pump are united, number of the 
primary loops is decreased from three or four to two, and 
so on.  As for an upper plenum of reactor vessel (R/V), a 
single rotation plug and a fuel-handling machine (FHM) 
with a swing type arm are adopted to simplify the fuel 
handling system.  A column type upper inner structure 
(UIS), which consists of control rod guide tubes, six 
horizontal perforated plates, and has no outer cover, has a 
radial slit in the horizontal plates for the arm of the FHM 
to move inside the UIS and access all subassemblies.  The 
diameter of the R/V can be reduced by using this UIS 
concept with the slit.  There is no need of space to move 
out the UIS from the core top during a fuel handling.  
Coolant passes through the inside of the UIS to increase 
mixing volume in the upper plenum and to mitigate 
thermal transient after a scram.  There is a free surface in 
the upper plenum of the R/V to keep a deck at lower 
temperature.  As compared with Japanese Demonstration 
Fast Breeder Reactor (DFBR) in the design study (Ueta, 
1995), core flow rate increases as thermal output 
increases by factor of 2.5, while the diameter of the R/V 
is nearly equal.  These result in increase of the spatial-

Steam Generator

R/V

Secondary Main Pump

Primary Pump + IHX
Figure 1   Overview of JSFR.



averaged velocity on the horizontal cross section of the R/V by factor of 2.5.  This large amount of 
coolant is sucked into two hot leg (H/L) intakes; the average velocity in the H/L pipe reaches 9.2m/s.  
These high velocities may cause gas entrainment at the free surface in the upper plenum and also the 
cavitations.  So the dipped plates (D/P) are set up below the free surface to prevent the gas entrainment.  
And cover gas above the free surface is pressurized at 0.25MPa (absolute pressure).  However, there 
are many gaps between the D/P and the H/L piping and also between the D/P and the R/V, etc.  
Further, flow velocity passing through the UIS slit will be very high, comparable with core outlet 
velocity, ~5m/s.  Eguchi (1994-1) showed the gas entrainment phenomena depended on circulation at 
the free surface and downward flow velocity for the stable vortex.  The downward flow in the gap of 
D/Ps may generate the gas entrainment.  In the study for DFBR, some experiments were carried out 
for an intermediate heat exchanger with the free surface (Eguchi, 1994-2).  These experimental 
apparatuses had different scales (1/8th, 1/3rd, 1/1.6th) and the same geometry.  It was observed in the 
experiments that actual vortex travelled at the free surface and the gas entrainment occurred 
intermittently.  Further, it was found that the onset condition of gas entrainment depended on the 
model scale.  These results suggested that a large-scaled experiment was needed to evaluate the onset 
condition of gas entrainment in the reactor and the onset condition of gas entrainment was 
conservative under the velocity similarity condition as in the reactor. 
 We performed an 1/10th scaled model water experiment for the upper plenum in the R/V.  The 
objective of the study is flow optimization in the upper plenum to have prospects of the compact 
reactor vessel.  Flow fields in the upper plenum are evaluated by using visualization, the particle 
image velocimetry (PIV) (Adrian, 1991) and the ultrasound velocity profile monitor (UVP) (Takeda, 
1990).  And other hydraulic problems are also picked up.  After then, we investigate suitable structures 
to control the flow in the upper plenum.  Furthermore, a large-scaled water experiment was performed 
to investigate dominant factors (e.g. downward velocity, horizontal velocity, etc) and the mechanism 
of the gas entrainment. 

2.   EXPERIMENT 

2.1 Design of JSFR 
 Figure 2 shows the R/V of the JSFR in the design at the end of FY2001.  The diameter of the core 
is 6580mm, and the inner diameter of the R/V is 9700mm.  The primary cooling system consists of 
two loops, and each loop has one hot leg (H/L) pipe and two cold leg (C/L) pipes in the upper plenum 
of the R/V.  These two H/L and four C/L pipes are put into the upper plenum from the top.  In addition, 
two cold traps (C/T), which purify sodium, and a dipped heat exchanger (DHX), which removes the 
decay heat in the reactor, are installed in the upper plenum of the R/V.  The H/L intakes are set at the 
middle height in the upper plenum.  The 
C/Ls pass through the upper plenum.  The 
upper inner structure (UIS) is set up above 
the core to insert control rods into the core 
and to measure subassembly outlet 
temperature.  The UIS consists of six 
perforated plates and 55 control rod guide 
tubes.  Sodium can flow inside the UIS to 
increase the mixing volume during a 
transient (The column type UIS).  The 
lowest perforated plate is named the hold 
down plate (HDP), and the other five plates 
are named the baffle plates (B/P).  The 
diameters of the HDP and the B/P are 
approximately 5000mm and correspond to 
the driver core region excluding the blanket 
and the reflector regions.  All of the HDP 
and the B/Ps have the radial slit in order to 
pass through the arm of the fuel-handling Figure 2   Reactor Vessel of JSFR in Design

at the end of FY2001.
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machine (FHM).  The widths of the slits in the HDP and the B/P are 345mm and 385mm, respectively.  
The HDP and the B/P have a hole above each of the fuel subassembly.  The diameter of the hole is 
slightly larger than the subassembly outlet. 
 The dipped plates (D/P) are set at 1400mm below the free surface to prevent sodium flow from 
impinging on the free surface.  The D/Ps are divided into the inner and the outer ones.  The inner D/P 
can rotate with the UIS during the fuel handling.  The inner and the outer D/Ps consist of double plates 
in order to reduce the flow velocity in the gaps. 
 There are many gaps between the inner and the outer D/Ps, between the D/P and the components 
in the upper plenum, between the D/P and the R/V wall to prevent the structural damages due to the 
flow-induced vibration, thermal expansion, and so on.  Therefore, the labyrinths formed like 
‘horseshoe’ or ‘L character’ are set at the gaps region to restrict flow passing through the gaps.   

2.2 Experimental Apparatuses 
 Figure 3 shows an experimental apparatuses of the 1/10th scaled R/V upper plenum model and the 
1/1.8th scaled partial model.  As for the 1/10th scaled model, the model scale was decided so as to 
change geometry easily and to find suitable one, when we considered the design phase of the reactor 
system was still early one.  The geometry of the R/V upper plenum was modelled correctly with 
1/10th scale including the inner components.  The diameter of the upper plenum in the experimental 
apparatus is 1.0m.  In the upper plenum, the UIS, two H/Ls, four C/Ls, two C/Ts, a DHX, a fuel 
transport guide tube and the inner and the outer D/Ps are set up as well as in the reactor.  The D/Ps are 
modelled as a single plate in the experiment in order to estimate the velocity toward the free surface 
conservatively.  Almost of all components in the upper plenum are made of transparent materials, e.g., 
acrylic resin to visualize flow pattern and to measure local velocity using optical methods.  In the 
reactor design, there is a hole to insert the FHM through the inner D/P in the direction of the UIS slit 
as shown in Fig. 2. 
 In the study on gas entrainment in the IHX for the DFBR (Eguchi, 1994-2), water experiments 
were carried out using four scaled models from 1/10th to 1/1.6th scale.  Dependence of the scale and 
the velocity condition were estimated for the onset of the gas entrainment.  It was shown that the onset 
condition of the gas entrainment was the same velocity condition as in the reactor through the four 
scaled models and the experimental apparatus should be a larger than 1/3rd scale in order to evaluate 
the onset condition of gas entrainment quantitatively.  Therefore we determined that the experimental 
apparatus had 1/1.8th scale against the reactor in this study.  In the preliminary evaluation, upward 
flow was observed in front of the UIS slit and downward flow around the H/L in the region above the 
D/Ps.  It is noted that downward flow is one of dominant factors for the gas entrainment.  The 1/1.8th 
scaled test section modelled the 90 degree sector of the R/V with a central focus on the H/L 
circumferentially and region above the D/Ps vertically.  The boundary condition in the 1/1.8th scaled 
model is given by the measured velocities in the 1/10th scaled upper plenum model.  In the 1/10th 
scaled model, local velocities were measured under Froude number similarity condition.  The 
measured results were applied to the 1/1.8th scaled model by extrapolation to the reactor condition.  
The experiments using two experimental models are undergoing with tight interaction.  The test 
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section of the 1/1.8th scaled model consists of a rectangular tank with 4000mm(W) × 2000mm(D) × 
2000mm(H).  The faces of the rectangular tank are made of acrylic resin in order to visualize flow 
field.  A simulated R/V wall made of polycarbonate plate with 2mm thickness is set up in the 
rectangular tank to reduce an effect of refraction for the velocity measurement using optical techniques.  
One H/L, two C/Ls and the D/Ps are installed in the test section and these components are also made 
of acrylic resin.  In the preliminary evaluation, it was found that circumferential flow near the H/L 
above the D/Ps came from the UIS slit side and went to the opposite side (the DHX side).  Therefore, 
two horizontal flow channels are set up in both sides of the rectangular tank of the 1/1.8th model to 
simulate the circumferential flow.  The channel in the UIS slit side (right side) can make tangential 
inlet flow to the test section, and the channel in the DHX side can make tangential outlet flow.  In the 
apparatus, the flow boundaries are set at the gap of D/Ps and the radial cross sections at both sides.  
Flow velocity as the boundary conditions in the radial cross sections at both sides are given by the two 
horizontal flow channels. 

2.3 Experimental Conditions 
 The objective of this study is the flow optimization in the upper plenum of the R/V, e.g., 
prevention of the gas entrainment at the free surface, cavitations, and flow instability, etc.  In the 
1/10th scaled model, the flow similarity including the free surface is dependent on the Froude (Fr) 
number and the Reynolds number (Re).  The effect of the Re number on flow field will be small under 
a larger Re condition.  Thus, we mainly performed the experiment under the Fr number similarity 
condition. 
 The Fr number is defined as follows; 
 gLVFr =  (1). 
Here, V is the outlet velocity of the core, and L is the diameter of the R/V.  In the experiment under the 
Fr number similarity condition, the core outlet velocity is 101  times smaller than that in the reactor.  
And the same velocity condition as in the reactor was also examined to see the occurrence of gas 
entrainment and cavitation qualitatively.  The experimental apparatus used water as working fluid, 
temperature was 15 ~ 30 degree Celsius.  The flow rate at the blanket region was set at 5% of total 
flow rate; flow velocity was 12% of that in driver fuel. 

Figure 4 shows the boundary velocity condition of the 1/1.8th scaled model.  This figure includes 
also nozzles configuration in the test section.  The nozzles of the gaps are divided into 90 degree 
sector around the H/L, 180 degree sector around the C/Ls, 30 degree sectors at the gaps between the 
inner and outer D/Ps, and between the R/V and the outer D/P.  All of the nozzles are attached to the 
bottoms of the D/Ps to reduce leak flow and clarify the boundary velocity condition.  These velocities 
were extrapolated from the experimental data obtained by using the Particle Image Velocimetry (PIV) 
and the Ultrasound Doppler Velocity Profile Monitor (UVP) under Froude number similarity 
condition in the 1/10th model after the flow optimization.  The plus value means the flow into the test 
section, and the minus value means the flow out of the test section.  The velocities obtained from the 
PIV and the UVP were averaged in time, 10s and 70s, respectively.  The downward flow was observed 
around the H/L pipe.  The downward flows 
were also seen around the C/L pipes in the 
H/L side, the R/V gap and the gap between 
the inner and outer D/Ps near the H/L.  In the 
geometry of double D/Ps, the sodium level 
from the top of D/P is 1400mm under the 
rated condition in the reactor.  In the single 
D/P geometry, it is necessary to add the 
thickness of eliminated D/P and the clearance 
between the D/Ps to 1400mm and therefore 
the sodium level is 1510mm.  In the 1/1.8th 
partial model, the water level corresponding 
to the designed reactor is 835mm under the 
rated condition. 
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 Table 1   Experimental Condition of 1/1.8th Scaled Model. 
 Downward Velocity at D/P Gap (W) Circumferential Velocity from UIS Slit side(V) Water Level (L)

(1) Experiment for Occurrence Map of Gas Entrainment 

Ratio* 1~4 1~8 0.84~0.12 

(2) Velocity Measurement at Region between R/V Wall and H/L 

Ratio* 1.5 2.1 0.24 
*Ratio: Ratio of averaged velocity or coolant level in the test section to the reactor condition 

 
Table 1 shows the experimental parameters in the study.  The circumferential velocity, the downward 
velocity and the water level were varied widely to investigate the dominant factors for the gas 
entrainment (refer to Table 1 (1)).  Thereby occurrence maps for the gas entrainment were constructed.  
In the occurrence map, there were two kinds of the gas entrainment as described in Section 3.3.  
Therefore the velocity measurement was performed using the PIV to investigate flow field, which 
caused the gas entrainment, in the pattern. 

2.4 Measurement Techniques of Flow Field 
 At first, we performed flow visualization using a tuft method and small bubble injection method to 
grasp the qualitative flow pattern in the R/V upper plenum.  The bubble behavior was affected by 
buoyancy force because the typical diameter of bubble was around one millimeter.  So we used the 
bubble injection method at the high velocity region only.  Quantitative velocities were obtained using 
the particle image velocimetry (PIV) and the ultrasound velocity profile monitor (UVP). 
 The PIV is one of optical measurements based on image processing techniques to get 
instantaneous and spatial velocity profile. Recently, the PIV has been applied to the velocity 
measurement with complex geometry by advances of image processing.  Our PIV system was based 
on cross-correlation method with sub-pixel accuracy (Sakakibara, 1993).  And noise reduction 
techniques (Kimura, 2000) for the visualized images were applied in order to reduce the error velocity 
vectors near the structures.  The laser sheet, generated by a double-pulsed Nd-YAG laser system, was 
inserted into the apparatus.  Nylon particles were used as seeding, the diameter was approximately 
30~50μm.  And a CCD camera, which could capture 30 images per second, was set in the normal 
direction to the laser sheet.  The pixel number of the camera was 1008 (horizontally; H) x 1018 
(vertically; V), and the size of the image was approximately 150mm (H) x 150mm (V).  The spatial 
resolution of the velocity measurement was 3mm.  The typical measured error was 0.03m/s.  The 
measured region in the model was subdivided and the images were captured in the multiple regions by 
moving the CCD camera and the laser sheet.  The time interval of the velocity measurement was 
0.067s and the number of the data was 300 or 600 (10s or 20s) at one position. 
  The UVP is a non-contact measurement technique of flow velocity based on ultrasound Doppler 
shift.  The emitted ultrasound beam is scattered by the particles and returns to the emitted sensor.  The 
position and velocity information are evaluated respectively from the detected time-of-flight and the 
Doppler-shift frequency.  The nearly instantaneous one-dimensional velocity profile along the beam is 
obtained.  The UVP system could get 1024 data for 40s and at 128 spatial points along the beam.  We 
applied the UVP to the velocity measurements at the gap of the D/P where the PIV was hard to be 
applied.  

3.   RESULTS & DISCUSSIONS 

3.1 Flow Field in Geometry based on 
Original Design 

 In the visualization in the 1/10th scaled model, 
the gas entrainment at the free surface did not 
occurred under the same velocity condition.  These 
results show that the D/P is effective to suppress 
the gas entrainment.  However, it was seen that 
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three circulations were generated at the neighborhood of the H/L intake.  It was observed that three 
vortices developed to the vortex cavitations as the inlet velocity of the H/L increased.  Figure 5 shows 
the visualized image of the vortex cavitations at the neighborhood of the H/L intake.  The inlet 
velocity of the H/L was 7.3m/s.  Three vortex cavitations were observed; one stretched from the R/V 
wall to the H/L, the other two were from the both C/Ls.  It was considered that the vortex cavitations 
occurred due to the reduction of the pressure at the center of the vortex enhanced by the very high 
velocity of the H/L inlet (9.2m/s under full power condition).  The cavitations generally have the 
potential to damage the structural components.  The suppression of the cavitations is needed to 
maintain the structural safety.  Static pressure is an important factor to estimate the cavitation.  
However, there is large difference of gas pressure above the free surface between the model and the 
reactor.  The cover gas pressure is 0.25MPa in the reactor and 0.1MPa in the model (open to 
atmosphere).  Thus, the cavitation factor, k, was used to estimate the onset condition of the vortex 
cavitation in the reactor.  The cavitation factor is defined as follows; 

 25.0 v
PPk s

ρ
−

=  (2). 

Here the cavitation factor was defined using the averaged velocity in the H/L at the onset of the vortex 
cavitation.  The cavitation factor (12.8) of in the experiment was approximately 1.6 times larger than 
that (8.1) under the full power condition of the reactor for the vortex cavitation between the R/V wall 
and the H/L inlet.  This means that the vortex cavitation will occur in the reactor. 

3.2 Flow Optimization in Upper Plenum 
 First of all, we examined the suppression of vortex cavitations.  In a design of pump sump, the 
vortex cavitations have been considered at the intake.  The vortex cavitation gives the impeller damage 
when the cavitation reaches the pump impeller.  Some flow control components were investigated in 
order to prevent the vortex cavitation by the JSME (1984).  The JSME standard (JSME, 1984) shows 
several components, those have the effect to split the flow and 
to intercept the circulation.  One of the components to suppress 
the cavitation is a vertical rib attached at the wall just behind 
the pump intake.  In our experiment, the vortex cavitation 
between the R/V wall and the H/L inlet occurred under the 
lowest velocity condition in the H/L inlet in comparison with 
the other vortex cavitations.  So we set a vertical rib on the R/V 
wall near the H/L inlet to restrict the rotating flow between the 
R/V wall and the H/L inlet.  Figure 6 shows the configuration 
of the vertical rib.  The vertical rib, which is called ‘splitter’, 
has a triangle cross-section and 2DH/L (=300mm) in length.  
The rib was set on the R/V wall at the nearest position to the 
H/L circumferentially and the center was set at the H/L intake 
vertically.  The rib stuck out about a half of the distance 
between the R/V wall and the H/L pipe from the wall surface.  
 The cavitation factor 
is 8.1 under the rated 
condition in the reactor.  It 
is believed that the vortex 
cavitation will not occur in 
the re actor when the 
cavitation factor in the 
experiment is smaller than 
8.1.  In the case of the 
splitter, the cavitation 
factor was 4.4, which was 
smaller than the factor in 
the reactor, at the region 

Figure 6   Configuration of Splitter 
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between the R/V wall and 
the H/L inlet. 
 Figure 7 shows the 
comparison of the time-
averaged velocity vectors 
between the original 
geometry and the geometry 
with the splitter at the 
region between the R/V 
wall and the H/L pipe.  The 
experimental condition was 
the Fr number similarity, 
where the inlet velocity in 
the H/L was 2.5m/s.  In the 
case of the original 
geometry, the circulation 
was observed at the H/L 
intake.  In the case of the splitter, it was shown that the splitter suppressed the horizontal flows above 
and below the H/L inlet, and also, the vortex was weakened at the height of the H/L intake.  In other 
words, the splitter could reduce sufficiently the circulation near the H/L inlet, which caused the vortex 
cavitation between the R/V wall and the H/L inlet. 
 
 Next, suppression of the UIS slit jet is considered.  The fuel-handling machine (FHM) will be 
inserted in the upper plenum to exchange the fuel subassembly.  There is a hole in the inner D/P to 
insert the FHM in the design of reactor.  The flow passing through the UIS slit would directly impinge 
on the free surface if the hole was not closed under rated condition in the reactor.  Therefore, 
something to close the hole is needed to reduce the flow velocity toward the free surface.  In the 
design, a plug, which has the nearly same diameter as the FHM (slightly smaller than the hole) and 
was suspended by the upper deck, has been proposed.  In the design, the length of the plug has 
flexibility as long as the plug is below the D/P.  The plug is set in front of the UIS slit.  Thus, the plug 
has a possibility to block the inclined upward flow through the UIS slit to the outer D/P, when the plug 
is extended to middle or lower position in the R/V upper plenum.  And also, the plug will affect the 
vortex cavitations via the downward flow near the H/L, which was originally coming from the slit jet. 
 Figure 8 shows the effect of the height of the plug, which fills in the D/P hole for the FHM, on the 
flow fields at the vertical cross section through the UIS slit obtained from the PIV.  The height of the 
plug was changed to upper, middle and lower positions in the R/V upper plenum.  The upper, middle 
and lower positions meant that the bottom of the plug was set at the heights of the undersurface of the 
D/P, the fourth B/P and the first B/P, respectively.  The experimental condition was the Froude 
number similarity.  In the case of the upper position of the 
plug, the flow passing through the slit reached the D/P.  
In the case of the middle position of the plug, it was seen 
that most of slit jet struck just the bottom of the plug and 
was turned to horizontal direction.  Therefore, the slit jet 
did not reach the D/P.  In the case of the lower position of 
the plug, the slit jet flowed along the bottom of the plug 
in radial direction.  It may be better to insert the plug 
deeply in the upper plenum in order to reduce the velocity 
of the slit jet.  However, it was observed that the upward 
flow along the center side wall of the plug increased in 
the case of the lower position of the plug. 
 Figure 9 shows the effect of the height of the plug on 
the cavitation factors based on the inlet velocity in the 
H/L at the onset condition of the vortex cavitation.  In the 
cases except for the upper position of the plug, it was 
shown that the obtained cavitation factors were smaller 

Figure 8   Effect of FHM Plug Height on Flow Fields at Cross Section 
through UIS Slit.
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than that in the reactor.  In the case of the middle position of the plug, the factors had the largest 
tolerance.  It is desired that the plug is set at the middle position in the upper plenum to suppress the 
vortex cavitations near the H/L inlet. 

3.3 Evaluation on Onset Condition and Dominant Factors for Gas Entrainment 
 In the visualization, the gas entrainment did not occur under the velocity similarity condition as 
the reactor.  Therefore, the velocities and the water level were varied widely to obtain the occurrence 
map and pick the dominant factors out for the gas entrainment.  
 In the extreme condition, where was far from the rated condition in the reactor, two kinds of the 
gas entrainment were observed.  One occurred at the wake region of the C/L pipe in the UIS slit side 
under the very large circumferential velocity condition.  The vortex, which occurred at the wake 
region of the C/L pipe when the circumferential flow passed through the C/L pipe, was a potential 
source of the gas entrainment.  Thereto the local downward velocity was generated around the H/L 
pipe when the circumferential flow impinged to the H/L pipe.  It was suggested that the synergy effect 
between the wake vortex and the local downward velocity induced the gas entrainment at the wake 
region of C/L pipe.  The shape of gas core was rolling and churned temporally.  This large variation of 
gas core made gas bubbles break away from the gas core.  Almost of the gas bubbles returned to the 
free surface and were not sucked into the gap of D/P.  The other kind of gas entrainment occurred at 
the gap between the R/V wall and the H/L pipe under the low water level and the large downward 
velocity at the D/P gap condition.  It was suggested that this gas entrainment took place due to an 
interaction between the vortex and the downward flow at the D/P gap.  The gas core was formed of 
long-stretched tip.  The lifetime of this type of gas core was longer than that at the wake region of C/L.  
The separation of bubbles occurred in the case where the bubble broke away from the tip of developed 
gas core or the stretched gas core was chopped off at the midpoint of gas core.  Almost of the 
separated bubbles reached to the D/P gap.  It means that the downward flow took place at the 
neighborhood of the gas core.  Of course, it was also observed that the stretched gas core extended to 
the gap of D/P directly.  This kind of gas entrainment was observed in the case where the water level 
was low or the downward flow at the D/P gap increased. 
 Figure 10 shows the occurrence map of gas entrainment based on the circumferential velocity and 
the water level.  The horizontal axis is the ratio of the circumferential velocity to the reactor condition 
and the vertical axis is the ratio of the water level to the equivalent level in the reactor condition.  The 
value of unity in both ratios corresponds to the reactor condition.  The red-colored (closed) symbols 
show the occurrence of gas entrainment and the open symbols show the no occurrence of gas 
entrainment.  In the map, the reactor condition was far from the occurrence condition of the gas 
entrainment and it is highly unlikely that the gas entrainment occurs in the reactor.  The gas 
entrainment at the wake region of C/L (see blue background area) was independent of the water level 
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and occurred under the condition where the circumferential velocity was more than four times larger 
than that in the reactor.  Therefore it was seen that the circumferential velocity was a critical dominant 
factor for the gas entrainment at the wake region of C/L. 
 As for the gas entrainment at the region between the R/V wall and the H/L pipe, on the other hand, 
the occurrence of gas entrainment was limited to the low water level condition and it was observed 
that the gas entrainment was difficult to take place under the large circumferential velocity condition. 
Figure 11 shows the occurrence map of gas entrainment based on the downward velocity at the D/P 
gap and the water level.  This map focused attention on the gas entrainment at the R/V-H/L region 
only.  The horizontal axis is the ratio of downward velocity to the reactor condition and the vertical 
axis is the ratio of the water level to the equivalent level in the reactor condition.  The types of the 
symbols are the same as in Fig. 10.  In Fig. 11, it was found that the gas entrainment occurred as the 
downward velocity increased and the water level decreased.  The threshold line of the gas entrainment 
appeared to the linear line against the downward velocity and the water level.  In the experimental 
results, the equation of threshold line could be expressed as follows: 
 WL ⋅≈ 23.0  (3). 
Here L is the ratio of the water level to the equivalent level in the reactor condition and the W is the 
ratio of the downward velocity to the reactor condition.  Eq. (3) shows that W/L was constant for the 
occurrence of the gas entrainment.  The onset condition of gas entrainment was as follows: 
 4.4≥LW  (4). 
 The downward velocity is equal to zero at the free surface and the W is defined as the velocity at 
the top of D/P.  Therefore W/L corresponds to the vertical gradient of downward velocity in a 
macroscopic model.  Consequently, it was found that this kind of gas entrainment occurred under the 
condition where the normalized velocity gradient in vertical direction was more than 4.4. 
 As for the gas entrainment at the region between the R/V and the H/L pipe, almost of the bubbles 
separated from the tip of the gas core reached to the D/P gap.  Therefore this type of the gas 
entrainment was needed to evaluate the mechanism of occurrence.  Figure 12 shows the flow pattern at 
the region between the R/V wall and the H/L pipe under the condition shown in Table 1 (2).  The left 
hand side picture shows the visualized image using a halogen lamp.  The right hand side figure shows 
the instantaneous velocity vectors in horizontal cross section at the same time as the visualized image.  
These images were taken when the gas core length was maximized.  The gas core in the left image 
corresponded to the center of vortex in the right figure.  In the velocity vectors, strong flow along the 
R/V wall was observed.  It was presumed that this flow was formed on the ground that the 
circumferential flow from the UIS slit passed through the region between the H/L and the C/L in the 
DHX side and toward the R/V wall, and some of this flow ran along the R/V wall.  On the other hand, 
the flow was nearly stagnant in the neighborhood of the H/L pipe.  The free surface vortex developed 
from this shear flow at the region where two kinds of flows met. 
 In the experimental result, the gas entrainment took place due to the development of the vortex at 
the free surface.  This vortex was caused by the shear flow at the region between the R/V wall and the 
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H/L pipe.  The vortex developed and the gas entrainment occurred in the case where the downward 
flow increased. 

4.   CONCLUSIONS 

 An innovative sodium cooled fast reactor has been investigated as the FaCT project in JAEA.  
Remarkable characteristics of the upper plenum in the reactor vessel (R/V) are the increase of the 
velocity and the adoption of a column type upper inner structure (UIS) with a radial slit for the fuel-
handling machine (FHM).  We performed an 1/10th scale water experiment for the upper plenum of 
the R/V in order to evaluate hydraulic phenomena, to extract the hydraulic problems and to optimize 
the flow field.  Furthermore, we carried out the large scale partial model which simulated the upper 
plenum at the neighborhood of the free surface with 1/1.8th scale in the reactor in order to evaluate the 
gas entrainment.  The experimental results were as follows.  
 
 Gas entrainment at the free surface did not occur within the velocity range in the 1/10th scaled 
model.  These meant that the dipped plate (D/P) worked against the gas entrainment.  However, three 
vortex cavitations were observed at the neighborhood of the H/L inlet.  One stretched from the R/V 
wall, the other two stretched from the both C/Ls.  The cavitation factors, which were obtained from the 
average velocity in the H/L at the onset condition of the cavitation, showed that the reactor would have 
the cavitation.  It is needed to suppress the vortex cavitations in order to keep the structural safety. 
 
 As for the vortex cavitation from the R/V wall, which was easier to occur, the vertical rib was set 
on the R/V wall at the closest position to the H/L pipe to restrict the rotating flow near the H/L inlet.  
It was shown that the vortex cavitation between the R/V wall and the H/L inlet did not occur under the 
same cavitation factor (8.1) as in the reactor.  The cavitation factor at the onset condition was reduced 
from 12.8 to 4.4 by the splitter. 
 In order to reduce the flow through the UIS slit, a FHM hole in the D/P in front of the UIS slit was 
closed by the plug with the cylindrical shape.  The parameter was plug length (height of the bottom of 
plug).  In the case of the middle or the lower plug position in the upper plenum, the jet impinging to 
the D/P was suppressed in comparison with that in the case of the higher plug position.  In these cases, 
in addition, the vortex cavitation was not broken out anywhere under the same cavitation factor as in 
the reactor. 
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 In the cases where the velocities and the water level were varied, two kinds of gas entrainment 
took place.  One occurred at the wake region of C/L pipe in the UIS slit side under the condition where 
the circumferential velocity was more than four times of the reactor condition.  The other one occurred 
at the region between the R/V wall and the H/L pipe under the condition where the normalized 
velocity gradient in vertical direction was larger than 4.4.  Here the normalized velocity gradient was 
defined as the ratio of the non-dimensional downward velocity to the non-dimensional water level. 
 At the region between the R/V wall and the H/L pipe, on the other hand, it was found that the 
shear flow, which was based on the interaction between the strong flow along the R/V wall and the 
stagnant flow at the neighborhood of H/L, caused the gas entrainment from the simultaneous measured 
results of the visualization of gas core and the local velocity. 
 
 Consequently, there is a chance for this design of the compact reactor vessel to suppress the gas 
entrainment and vortex cavitation. 

NOMENCLATURE 

C/L : Cold Leg (pipe) 
D/P : Dipped Plate 
Fr : Froude number 
G : Gravity (=9.81m/s2) 
H/L : Hot leg (Pipe) 
k : Cavitation factor 
L : ratio of water level in experimental condition to that in reactor condition 
P : Pressure (N/m2) 
Ps : Saturated vapor pressure of fluid (N/m2) 
Re : Reynolds number 
R/V : Reactor Vessel 
UIS : upper inner structure 
V : Velocity (m/s) 
W : ratio of downward velocity in experimental condition to that in reactor condition 
ρ : Density of fluid (kg/m3) 
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Abstract 

 

A Surge tank is provided in the secondary circuit of typical sodium cooled fast breeder reactor, to 

take care of pressure surges in case of a sodium water reaction in Steam Generators (SG). The 

blanket of argon cover gas at the top of the tank acts as a cushion for the surges. The argon gas 

above the free surface of sodium in the tank is a source of entrainment into the sodium which is 

undesirable from the consideration of effective heat transfer in Intermediate Heat Exchanger 

(IHX), SG, and cavitation in pumps. To investigate the phenomenon of gas entrainment in surge 

tank, Computational Fluid Dynamics (CFD) analysis was carried out simulating the model 

geometry for single phase and two-phase flows.  Initially velocity mapping in surge tank was 

carried out without any devices and later with internal devices of different geometries. Based on 

these, the cases where the free surface velocities were minimal was investigated experimentally. 

The experiments were conducted in a 5/8 scale model surge tank simulating Weber and Froude 

numbers. This paper discusses the computational model, experimental methodology, results & the 

discussion on the result. 

 

1.0 INTRODUCTION 
 

A 500 MWe capacity sodium cooled fast breeder reactor (PFBR) is currently under construction 

at Kalpakkam, India. The heart of the reactor is the core where heat is generated from nuclear 

fission. This heat is transported by primary sodium and transfers the heat to the secondary sodium 

in the Intermediate Heat Exchanger (IHX). From IHX, secondary sodium travels through surge 

tank and exchanges heat to the water in the tubes of the steam generator as shown in Fig.1. 

 

In case of leak in the Steam Generator tubes, high pressure water would leak into the sodium 

causing a sodium water reaction which results in high pressure surges due to generation of 

hydrogen. Pressure surges are also possible due to inadvertent closure of isolation valves. In order 

to protect IHX from the effect of these pressure surges a surge tank is provided in the hot leg. The 

pump tank (SSP in Fig.1) serves as the surge absorber in the cold leg of the secondary sodium 

circuit. Surge tank is a cylindrical vessel with torispherical dished closures at both ends. 

 

The secondary sodium from the IHX outlet enters into the surge tank through two inlet nozzles  

Argon fills the space above free surface of sodium and provides cushion in case of pressure 

surges. The pressure of argon gas in surge tank is maintained at 0.4 MPa. Sodium exits from the 

surge tank through the four outlet nozzles to four steam generator modules and returns to IHX 

through the secondary sodium pump. The entrainment of argon gas from the surge tank in to the 

secondary sodium system is an undesirable phenomenon from the consideration of effective heat 

transfer in Intermediate Heat Exchanger (IHX) and SG, cavitation in pumps and operational 
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problems of continuous feed and bleed of cover gas, thus leading to unfavourable reactor 

operating conditions. 

                             
   

 

 

 

The understanding and prediction of gas entrainment phenomenon computationally and 

experimentally will aid in the design of the surge tank. The objective of the present investigation 

is to computationally determine the condition for onset of gas entrainment from the free surface 

into the pool of liquid sodium in the surge tank. The flow profile in the surge tank influences the 

gas entrainment mechanisms. The velocity profile pattern in the surge tank is modeled using 

CFD. The CFD analysis also was beneficial in reducing the experimental trials for testing various 

device configurations.  

 

The scope of the experiments mainly focuses on    establishing the minimum height required to 

avoid gas entrainment by means of internal devices that could be deployed in the surge tank and 

thereby reduce the liquid sodium inventory and tank height. The results from these experiments 

will help in optimizing the design of devices that could be used to mitigate gas entrainment for 

PFBR. 

 

This paper presents the, similitude criteria, scale model chosen and results of the experiments and 

different devices to mitigate gas entrainment in the models and compared with CFD results. 

 

2.0 SIMILARITY CRITERIA 
 

Gas entrainment phenomenon depends upon viscous forces, gravity forces and surface tension 

forces.  Surface tension and gravity forces are characterized by Weber Number and Froude 

Number respectively. These are the two predominant non dimensional numbers that has to be 

maintained equal to the prototype while maintaining the flow in the turbulent regime for 

determining the onset of entrainment. The definition of Froude number and Weber number are as 

follows. 

 

 

Fig.1 Schematic of PFBR Heat transport circuit 
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Froude number = Inertia force/Gravity force,                     
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Weber Number = Inertial force /Surface tension force, 
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Where  

V = Velocity (m/s) 

L = Characteristic length (m) 

s = Surface tension (N/m) 
ρ = Density (kg / m3

) 

 

and subscript ‘m’ and ‘p’ denotes model and prototype respectively. 

 

In the model experiment both the above numbers were simulated and the scale size was found to 

be 5/8.  

 

3.0 NUMERICAL STUDIES ON GAS ENTRAINMENT 
 

Numerical simulations analyzing the phenomenon of gas entrainment in the LMFBR pool have 

been reported. The free surface of a top entry loop type LMFBR in Japan has been numerically 

simulated (Gao Ming Qing, 1997). The analyses carried out with the AQUA-VOF code 

investigated the efficiency of the ring plate’s placed, 1m below the free surface. The results show 

that the ring plates have sufficiently high potential to eliminate the free surface gradients.  The 

maximum free surface height difference and the maximum gradient free surface were decreased 

to less than15%, and 64% compared with the case with out ring plates respectively.  

 

Two dimensional waterfall numerical simulations and a three- dimensional dimple simulation for 

the gas entrainment and bubble transport from free to the hot leg of a fast breeder nuclear reactor 

have been reported(Tomoaki Kunugi, 2005). The analysis carried out using the MARS (Multi-

Interface and Advection and Reconstruction Solver) method was found to be useful in capturing 

flow modes in the vortex – dimple evolution. These numerical results were compared to the 

experimental results and found that surface velocity and the time averaged wave shape were 

found to be very similar to the experimental findings. The phenomenon of gas entrainment in the 

PFBR surge tank has been analyzed numerically.  The CFD analysis was used to determine free 

surface velocity distribution in surge tank. The analysis also was helpful in finalizing the devices 

to be used in experimental model thereby minimizing experimental trials. 

 

4.0 MODELING DETAILS 
 

Fig. 2 shows the geometry of the surge tank considered for the modeling. It is a 5/8 scale model 

of the surge tank with two inlets with diameter of φ333mm (D in), four equispaced  outlets with 
diameter of φ253mm (D out) and tank diameter of φ1414.6mm. For computational purpose   
upstream pipe of 10D in long and down stream pipes of 10D out long is considered. 

Tetrahedral meshing is done inside the tank and hexahedral meshing is done for the outlets. Total 

of 1,814,143 cells are used for meshing the whole computational domain. Aspect ratio ranges 

from 1 to 5 and skewness is less than 0.3. Fine meshing is done at bottom of the dish, near the 

inlet, pepper pot and at the entrance to the outlet 
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Fig.2 Geometry of CFD model 

 

4.1 Numerical Procedure 
 

4.1.1 Mass conservation equation  
 

The equation for conservation of mass, or continuity equation, can be written as follows 

 
 

Equation   is the general form of the mass conservation equation and is valid for incompressible 

as well as compressible flows. The source Sm is the source term. 

 

4.1.2 Momentum conservation equations 

 
A single momentum equation is solved throughout the domain, and the resulting velocity field is 

shared among the phases. The momentum equation, shown below, is dependent on the volume 

fractions of all phases through the properties ρ and µ.. Conservation of momentum is described 
by 

 

where, p is the static pressure, is the stress tensor (described below), and  g
rρ    and F

r
are the 

gravitational body force and external body forces (e.g., that arise from interaction with the 

dispersed phase), respectively.  also contains other model-dependent source terms such as 

porous-media and user-defined sources. The stress tensor   is given by  

 

 

Where µµµµ is the molecular viscosity, I is the unit tensor, and the second term on the right hand side 
is the effect of volume dilation. 

   (4) 

    (5) 

(3) 

2 Inlets to model 

4 Out lets 
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4.1.3 Transport equations for the RNG -  Model (Turbulence model) 

 

The RNG - model has a similar form to the standard - model 

 

 

In these equations, Gk represents the generation of turbulence kinetic energy due to the mean 

velocity gradients.   Gb is the generation of turbulence kinetic energy due to buoyancy. YM 

represents the contribution of the fluctuating dilatation in compressible turbulence to the overall 

dissipation rate.  The quantities αααα k and αααα εεεε  are the inverse effective Prandtl numbers for k and , 

respectively. Sk and Sεεεε are user-defined source terms. 

  

4.1.4 Volume fraction Equation  

 

The tracking of the interface(s) between the phases is accomplished by the solution of a 

continuity equation for the volume fraction of one (or more) of the phases. For the q th phase, this 

equation has the following form 

 
By default, the source term on the right-hand side of equation is zero, but one can specify a 

constant or user-defined mass source for each phase as and when   needed. The volume fraction 

equation will not be solved for the primary phase; the primary-phase volume fraction will be 

computed based on the following constraint 

 
 

4.1.5 Properties  

 

The properties appearing in the transport equations are determined by the presence of the 

component phases in each control volume. In a two-phase system, for example, if the phases are 

represented by the subscripts 1 and 2, and if the volume fraction of the second of these is being 

tracked, the density in each cell is given by  

 
 

In general, for an -phase system, the volume-fraction-averaged density, ρ takes on the 

following form. All other properties (e.g., viscosity) are computed in this manner 

 
 

 

(6) 

(7) 

  (8) 

  (9) 

   (10) 

 (11) 
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4.2 Analysis and Results 

Geometrical modeling was carried out using GAMBIT, the pre processor of FLUENT, a Finite 

Volume Based CFD Package. A complete time-dependent solution of the exact Navier-Stokes 

equations for high-Reynolds-number turbulent flows in complex geometries is unlikely to be 

attainable for some time to come. Reynolds averaging is one of the alternative methods that can 

be employed to transform the Navier-Stokes equations in such a way that the small-scale 

turbulent fluctuations do not have to be directly simulated. The Reynolds-averaged Navier-Stokes 

(RANS) equations represent transport equations for the mean flow quantities only, with all the 

scales of the turbulence being modeled. The approach of permitting a solution for the mean flow 

variables greatly reduces the computational effort. The mean flow is assumed steady and a 

steady-state solution can be obtained economically. The Reynolds-averaged approach is generally 

adopted for practical engineering calculations and   hence for the present case also. All the cases 

were simulated using multi phase Volume of Fluid (VOF) modeling. VOF simulation is capable 

of tracking the interfaces without excessive numerical diffusion. The cases considered for the 

study are of two-phase flow with air cushion above water for various flow rates, different free 

level heights and different air pressures. At the inlet, flow rate is specified and the flows through 

the four outlets are equal.  

Some of the cases (1-15) analyzed are shown in Table -1. For cases 1-14, free surface is open to 

atmosphere and for the case 15 the air pressure of 0.2 bar is applied above the free surface of 

water.  For turbulence modeling, RNG k-ε modeling is used. These cases are analyzed to find out 
whether there is any air entrainment into water under steady state conditions of operation by 

observing unsteadiness in the solution behaviour. 

 

Table-1   Summary of Computation performed 
Sl. 

No. 

Geometry & 

cases analyzed 

Flow 

rate 

m
3
/h 

Height of 

water 

(m) 

Details of devices & Cover gas pressure 

(Atmosphere pressure for cases 1 to 14) 

1 Case-1 2000 1.5 With out any internal devices 

2 Case-2 2200 1.5 10% Porous plate (P.P)  

3 Case-3 2200 1.5 20% Porous plate   

4 Case-4 2200 1.5 30% Porous plate   

5 Case-5 3570 1.5 30% P.P + 30 deg ring @ 1.5 D 

6 Case-6 3670 2.0 30% P.P + 90 deg ring@ 1.5 D    

7 Case-7 3560 1.5 30% P.P +  45 deg ring@ 1.5 D 

8 Case-8 3690  1.8 20% P.P + 30 deg ring@ 1.5 D 

9 Case-9 3560  1.5 20% P.P + 45 deg ring@ 1.5 D 

10 Case-10 3595 1.5 20% P.P+ 90 deg Stiffener plate   Ring ID=826 @ 

1.5 D    

11 Case-11 3590 1.5 20% P.P+ 30 deg ring @ 1.5 D + additional ring   

Ring ID=826 @ 3D 

12 Case-12 3590 1.5 20% Porous plate + two rings  

 (Ring ID=826 & 816.4 mm)  @ 1.5D ,@ 3D        

13 Case-13 3650 1.5 Pepper pot alone (450 mm)  

14 Case-14 3650 1.5 Pepper pot  (450mm) + 20% P.P   

15 Case-15  3700 1.2 Pepper pot (450mm) + Ring type perforated 

cylindrical shell  Ring ID=826 @ 1.5 D  (0.2 bar 

cover gas pressure)  
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Maximum free surface velocity was determined for various cases using single phase simulation. It 

was found from the analysis that in Case1 (without any internal device), water and air is mixing 

well in the tank. For Cases 2-4 (with porous plates, refer Table-1), the flow pattern had slightly 

improved when compared to case-1. Typical simulation plots for 20% porous plate (case 3) is 

shown in Fig.3a and 3b.  

 

The geometry was further modified as shown in case 11 and 12.  Apart from the porous plate, two 

additional devices, namely 30 deg stiffener ring and ring plate, were introduced above the outlets 

in Case-11.  Whereas in case-12, two ring plates of different inner diameter was introduced at 

1.5Dout and 3.0Dout locations from the centre of the outlet. Fig 4a & 4b shows a typical plot for 

case-12.  The analysis indicated a further reduction in the free surface velocity when compared to 

the earlier cases. However it was still not possible to completely eliminate entrainment. 
 

 
Fig.3a Contours of volume fractions of water in normal  

plane between two outlets (Case-3) 
 

 
Fig.3b  Contours of velocity at the interface in m/s (case-3) 

Perforated 

plate 
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Fig.4a Contours of volume fraction of water  (Case-12) 

 

 
Fig. 4b Velocity contours at the interface  (Case-12) 

 

For minimizing the free surface velocity and height of the liquid column,  a new device namely 

pepper pot, was introduced above the inlet nozzles (Case-13). The analysis with this device also 

indicated that air entrainment was still prevalent at the maximum flow rate. In case-14 a porous 

plate (porosity 20%) was provided in the surge tank above the outlet nozzles in addition to the 

pepper pot. It was observed that flow pattern improved in the above case but flow lines indicated 

air entrainment. Hence geometry was further modified (Case-15) by providing a ring type 

cylindrical perforated shell in the surge tank above the outlets in addition to the pepper pot as in 

case-13. From Fig 5a & 5b, it is inferred that the free surface velocity has reduced to a minimum 

of 0.28 m/s. The maximum void fraction at minimum water level is 3.5% and also very much 
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reduced. Finally case-15 geometry has been selected as the optimized geometry for mitigating air 

entrainment 

 

 

 

  
Fig-5a Contours of volume fraction of water (Case-15) 

 
Fig- 5b Velocity contours at the interface ( Case-15) 

 

5.0 EXPERIMENTAL MODEL DETAILS  
 

Studies were conducted in a 5/8 scale model of the prototype and geometric similarity was 

maintained between the model and prototype. Surge tank model comprises of a torispherical 

dished at the bottom with two inlet nozzles and a cylindrical shell above the dished end with four 

outlet nozzles. Stainless steel was used for the fabrication of the surge tank. Perspex windows 

were provided to visualize the free surface behaviour and air bubble entrainment in model.  Fig. 6 

shows the details of the model and setup.  

Pepper pot 

Ring type perforated 

cylindrical shell 
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Fig.6. Schematic of 5/8 scale surge tank model set up 

 

 

6.0 TEST LOOP DETAILS & EXPERIMENTAL METHODOLOGY 
 

A test loop as shown in Fig. 6 was set up for this study.  To carry out the study centrifugal pumps 

were utilized with different ranges to deliver flow to the model from a storage tank. Two 

calibrated average pitot tube flow meters were installed in parallel to measure the flow entering 

into the model through the two inlet nozzles.  Each of the 4 outlet nozzles has a controlling valve 

to throttle the outlet flow from the model. Flow from each of the four outlets is discharged back 

into the storage tank. 

 

The study involves establishing the minimum free surface of the liquid in the surge tank without 

any gas entrainment for nominal flow condition. Initially, nominal flow is set in the surge tank 

and the height of the liquid column is recorded. Surface activities such as formation of vortices at 

the free surface, free level fluctuations and gas entrainment phenomenon were observed and 

recorded. Similar methodology was adopted for different flow rates and for different air pressures 

applied over the liquid surface 

 

6.1 Instrumentation 
 

The gas entrainment phenomenon was observed visually with naked eye and the same also was 

recorded with a high speed camera and camcorder. The flow rate through the inlet (nominal flow 

rate 2500m3/h)  and outlet nominal flow rate 1250m3/h) nozzles was measured using site 

calibrated averaging Pitot tubes and differential pressure transmitters. Pressure transmitters with 

measuring range of 0-5 m WC, resolution 0.1% and uncertainty 0.5% of reading was employed. A 

multiplexing system was employed for differential pressure sensing of the two inlet & four outlet 

nozzles. Total flow into the surge tank was measured with an Electromagnetic flow meter (range 

of 5000 m3/h, resolution 0.1% and uncertainty 0.25% of reading).  

 

Static pressure was monitored using calibrated pressure transducers (range 0-4 bar for inlet & 0-2 

bar for outlet, resolution 0.5 % of reading) with suitable multiplexing mechanism.  Pressure 

Model 
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gauges were also provided.  The water temperature was monitored using an RTD and Indicator.  

Level of water in the tank was monitored using a ultrasonic based level indicator (range of 0 – 4 

m, resolution 0.01 m & uncertainty 0.5% of reading). 

 

To sense pressure fluctuation caused by the entrained gas, dynamic pressure transducers were 

employed. Kistler piezo-electric transducers with a range of 0 – 2 bar and uncertainty 1% was 

employed and fitted flush with the inner wall of pipe. Photographs were taken to record the 

presence of air bubbles in the water during experiments.  

 

Table-2 below shows the typical parameters measured during experimentation for the various  

cases studied.  Tests were conducted with surge tank top surface open to atmosphere and also 

with cover gas pressure acting on the water surface. The cover gas pressure was simulated with 

compressed air above the free surface of water. The outlet flow in each channel, total flow, 

fluctuation in water level head of water column at the bottom of the surge tank were monitored 

after reaching steady state conditions. The details of measurements taken during trials were 

tabulated in table below. The presence of air bubbles were observed using videography. This was 

repeated for different configurations of the porous plate, stiffener ring and pepper pot.  

 

 

 

7.0 EXPERIMENTAL RESULTS 
 

Preliminary studies were conducted without any device and later with different configuration of 

devices to determine the H/D. (the free level height of liquid column non-dimensionalised with 

respect to the surge tank diameter).  The objective was to determine the maximum value of H/D 

at which gas entrainment is initiated for the operating Froude number of 3.1. To validate the CFD 

results, experiments were carried out with similar devices were used in the computational 

modeling. The devices are shown in Fig.7  

Table –2 Test results with Porous Plates  

Porous plate with porosity =0.1 

Flow rate  (m
3
/hr) 

Head  

Cover gas Air 

Pressure 

Fluctuation 

in level 
Outlet 

velocity 

Ch #1 Ch #2 Ch #3 Ch #4 Total m bar mm m/s 

Fr. 

No. 

  

Condition - Open to Atmosphere 

421 426 420 415 1700 1.4 0 35 2.454 1.324 

520 510 500 520 2100 1.9 0 30 3.032 1.636 

788 790 800 791 3150 2.2 0 30 4.547 2.454 

Condition - with cover gas air pressure 

940 945 948 910 3741 2.7 0.2 25 5.400 2.914 

740 730 735 720 2965 1.9 0.7 30 4.280 2.310 

700 695 685 680 2816 1.88 0.7 25 4.065 2.194 

Porous plate with porosity = 0.3 

526 530 532 552 2200 1.6 0 30 3.176 1.714 

820 819 800 822 3250 1.9 0.1 25 4.692 2.532 

955 949 942 960 3950 1.86 0.1 25 5.702 3.077 

Condition - with cover gas air pressure 

770 762 780 773 3000 1.75 0.7 25 4.331 2.337 

743 669 755 735 2900 1.676 0.6 20 4.186 2.259 

625 632 626 620 2500 1.3 0.7 15 3.609 1.948 
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Fig. 7 Devices used for experimental studies 

 

Studies without any device indicated a H/D of 1.65 at 40% of the nominal flow. The impact of the 

incoming axial velocity component of the flow on the free surface causes turbulence and level 

fluctuations leading to gas entrainment. To reduce this liquid level, perforated plates were 

introduced above the inlet nozzle.  This effected in reducing the level of liquid column 

considerably without any gas entrainment (Fig. 8). Though the direct impact on the liquid surface 

by the incoming fluid jet was reduced considerably due to presence of perforated plate, the axial 

velocity of the flow in the annulus area between the plate and tank was dominant causing surface 

level fluctuations and thus gas entrainment. The experimental uncertainty is ±2%  
 

Reduction in this axial velocity component was achieved by positioning a stiffener ring inside the 

surge tank at 1.5D distance above the outlet nozzle. A combination of 20% perforated plate and a 

30
o
 stiffener ring has helped in avoiding gas entrainment for H/D=1.53 at normal operating 

condition (Fig. 9). Studies with pepper pot device and ring type cylindrical perforated shell 

(Fig.10) has helped in avoiding gas entrainment for H/D=1.28 at nominal flow. (Ramdasu, 2007).   
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Fig. 8 Effect of perforated plate on H/D 
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 Fig. 9 Effect of stiffener rings on H/D 
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Fig.10 Effect of pepper pot and with ring type cylindrical perforated shell 

 

8.0 COMPARISON OF RESULTS COMPUTATIONAL & EXPERIMENTAL  

 
The results of the cases investigated experimentally were compared with the corresponding CFD  

results are shown in Fig.11. It is observed that the CFD and experimental results were in good 

agreement for most of the cases. For cases 2 and 13 the variation in H/D between CFD and 

experiments was higher (~ 28%) than the other cases. The results for case 15, the optimum 

geometry for mitigating gas entrainment was found to have close match between the CFD and 

experimental results.  
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Fig.11 shows the H/D of CFD and experiments for typical cases 
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9.0 CONCLUSION 
 

Computational modeling and experiments were carried out to study the phenomenon of gas 

entrainment in a 5/8 scaled 360 deg full circular model of PFBR surge tank. Minimum free level 

height required for avoiding gas entrainment and free surface velocities were determined for 

various combinations. The CFD analysis was beneficial in reducing the experimental trials using 

various device configurations.  From the CFD analysis, the combination of Pepper pot with ring 

type cylindrical perforated shell was found to be the most effective in avoiding gas entrainment at 

H/D= 1.2. For the same configuration of the devices, the experiment also reported a H/D value of 

1.28 which is in very close agreement with the CFD results. Further work is necessary to improve 

CFD prediction. 
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SUMMARIES BY SESSION CHAIRMEN 

 

Session HOR: Horizontal Flow – Pipe Flow (Chairmen: Chul-Hwa Song and T. 
Watanabe) 

In the Session HOR, three papers were purely experimental studies and two papers presented both 
experimental and numerical studies. 
In the experiment by Marchand et al. (HOR-03), velocities and void fraction have been measured in a 
horizontal pipe with several flow regimes including bubbly and stratified flows in air-water conditions; 
Vallee et al. (HOR-05) also investigated steam-water counter-current flow to simulate a hot-leg model 
with steam generator inlet plenum. Area-averaged velocity and void fraction in air-water pipe flows 
have been measured using a nuclear magnetic resonance (NMR) method by Lemonnier (HOR-02), 
and eddy diffusivity and dispersion coefficient were obtained. All these experimental works were 
performed for producing experimental data, which will be used for the development and validation of 
CFD codes and models. Measurement uncertainties were not systematically determined but some 
effort was noticed to compare several measurement techniques when possible. 
Numerical simulations using the NEPTUNE-CFD code have been performed for condensation in 
counter-current steam-water stratified flows by Strubelj and Tiselj (HOR-04), and also for slug 
formation in air-water stratified flows by Bartosiewicz et al. (HOR-01). Such stratified to slug flow 
regime transitions were shown to be simulated well. 
The noticeable point indicating the current status in this session is that two simulations and two 
experiments were for the development of the NEPTUNE-CFD code, whereas the CFX code was 
mostly used for simulations of horizontal or stratified flows in the previous CFD4NRS in 2006. For 
development of two-phase CFD codes, modeling of the interfacial momentum and heat transfers 
including turbulent parameters near the interface are of importance and further studies are still 
necessary.  
Although precise measurements have been conducted in the experiments, the importance and 
difficulties in the measurements of local and instantaneous values of variables near the interface were 
pointed out, and the size effects and the setting of the boundary condition were also discussed. These 
points should be carefully taken into consideration in the experiments.  
It seems that the Best Practice Guideline (BPG) have been better considered in numerical simulations 
when compared with the previous workshop. It has been shown in this session that the flow transitions 
in horizontal flows could be simulated well for simple cases. Validations for more complicated flow 
situations including integral scale phenomena and bubbly/stratified/slug transitions would be desirable.   

Session AC: Accident Analysis (Chairmen: N. Seiler and T. Morii)  

This Session on Accident Analysis gathered various research subjects, such as insulation debris 
transport phenomena in water flow, Fluid Structure Interaction (FSI) related to the early phase 
LBLOCA, specific problems for severe accidents such as Steam Generator Tube Rupture, and molten 
corium coolability.  
As these subjects are very different from each others, it is difficult to draw a general conclusion, but it 
appears that, with the progress of computer power, some CFD simulations of these accidents are now 
feasible. 
Modeling used in the CFD codes seems to be mature enough to be applied to accident analysis issues 
and the presented works have shown some promising results. Simulations of a free surface and two 
phase flows configurations have been addressed in case of a recirculation sump blockage issue 
occurring either in Korean advanced nuclear power plant or in a PWR. Two ways to compute the two 
phase flows have been considered: a VOF method or an Euler/Euler approach. Considering the latter 
way, an important work has been fulfilled to validate the required modeling and also to adjust the 
model parameters. Other presented studies dealt with single phase flows simulated by commercial 
codes. The SGTR as well as the corium coolability problems have been addressed using the FLUENT 
code whereas, in the FSI problem, the thermalhydraulic part was simulated by the Star-CD code. 
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Regarding the corium coolability in a BWR, a new simplified model has been developed, called the 
Phase-change Effective Convectivity Model. Further improvements are still foreseen and in progress 
such as the accounting of entrained gaseous bubbles influencing the fiber sedimentation in case of 
insulation debris transport phenomena in water flow or the stratification of corium. 
All presentations have included experimental validation and shown good agreement between 
calculation results and experimental data. A paper presented new data obtained in 5000 flow 
conditions of flashing, subcooled or saturated water, as well as critical flow data at pressures up to 9.3 
MPa. The available data for codes validation are pressure differences and flow rate under single 
phase conditions, and critical flow rates as a function of inlet subcooling and pressure.     
The BPG of the OECD GAMA seem to have been quite well followed and, simulation results have 
been validated against well instrumented and dedicated experiments. Some experimental tests have 
been used therefore to assess required unknown coefficients like drag force coefficient or other 
parameters. Furthermore, mesh quality has been checked. Meshing refinement and time discretization 
as well as sensitivity studies to numerical methods and to closure models like the turbulence models, 
have also been carried out as recommended by BPG. However, the larger and more complex 
geometry of a real plant would need a larger number of grid points than that used for these studies 
focused on particular regions of the NPP.  
Presentations proposed in this session have also underlined, on the one hand, the necessity to 
perform multi-physic simulations involving codes coupling in particular in Fluid/Structure field. On the 
other hand, it has been shown that validated CFD simulation results could be used as input data to 
derive required further modeling like 1D deposition model for SGTR accident. 

Session PTS: Pressurized Thermal Shock & Direct-Contact Condensation (Chairmen: 
M. Scheuerer and M. Andreani) 

In this Session, 4 papers dealt with CFD analyses concerning applications to PTS in single and two-
phase flows, to steam discharge in a pool, to air bubble entrainment caused by an impinging jet on the 
free surface, and to steam jet injected into a pool of sub-cooled water. Two paper presented 
experimental studies of a steam jet injected into a pool of sub-cooled water.  
The paper PTS-01 presented a CFD modeling approach of a PTS two-phase scenario including the 
so-called Large Interface (LI) modeling, and the validation against air-water stratified flow data, and 
COSI steam-water condensation data. The NEPTUNE-CFD results obtained with the LI model were 
encouraging, the main trends being fairly well simulated, but further model improvement and validation 
require new experiments with more detailed measurements, in particular of the velocity field. 
Simulations in paper PTS-02 with the FLUENT CFD code of an OECD ROSA test with temperature 
stratification in the cold legs and in the downcomer during Emergence Core Cooling System (ECCS) 
injection followed BPG for the mesh generation, and for the quantification of numerical errors. 
Sensitivity tests investigated the effect of turbulence model and spatial discretization schemes. A 
Reynolds Stress turbulence model provided the best results, and gave satisfactory agreement with 
data. Further improvements would require detailed velocity measurements. 
The papers PTS-03 and PTS-04 present data and CFD analysis of steam jet condensation 
experiments with local velocities and temperatures measurements. Simulations with ANSYS CFX with 
a modified condensation model predicted well the turbulent jet region before the tank wall but failed to 
predict the flow at the upper and lower region after the jet collides with the wall. New experimental 
data investigate a free turbulent steam jet and pool mixing induced by the jet using non-intrusive 
optical Particle Image Velocimetry (PIV). The measuring techniques are given with an error analysis.  
The simulation in paper PTS-05 of air entrainment caused by a jet impinging into a liquid pool is a 
difficult challenge for CFD since the corresponding physical process takes place at very small length 
scales. CFX11 simulations showed the influence of the drag model and of the algebraic interface area 
density model on the calculated gas entrainment. 
The paper PTS-06 described an experiment of steam discharge into sub-cooled water with 
condensation. Simulations with NEPTUNE CFD using several ‘established’ condensation models, 
such as the Hughes & Duffey model, overestimate condensation rates by up to two orders of 
magnitude. The DNS-based model developed by Lakehal et al. (2008) yielded satisfactory agreement 
with data. 
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Overall the quality of the presentations in the PTS session was good, and there is progress which can 
be summarized as follows: 
 There is visible progress in the area of PTS and DCC investigations. Useful experiments, 

especially for pool mixing and jet condensation have been reported. CFD modeling increasingly 
addresses two-phase flows with phase change. There are more applications of BPGs, and more 
separate validation of individual models and components. In the experiments the need to control 
boundary condition of the fluid domain has been recognized as an essential input for CFD 
calculations.  

 However, the modeling of momentum, heat and mass transfer at the interface requires further 
work. Flows combining several interface configurations such as a bubble flow with a free surface 
are still poorly modeled. More general and/or specific local models need to be developed. 
Numerical robustness also seems to be an issue for some codes when applied to two-phase flow 
with condensation and evaporation. 

 Available experiments still lack measurements of local velocity, turbulence, void fractions, bubble 
sizes and bubble distributions. Small scale/simplified experiments with better defined initial and 
boundary conditions are required for the CFD simulations. Although some measurement 
uncertainties were specified, systematic uncertainties are rarely given.  

 Although BPG are increasingly applied many results are still presented on single-grids without 
convergence checks or other information about numerical errors. This makes model assessment 
very difficult and limits the usefulness of these models for industrial applications. 

Session MIX: Mixing Issues (Chairmen: B. L. Smith and D. Lucas) 

A common feature of the papers, and an improvement since the last Workshop, was the general 
awareness that the application of Best Practice Guidelines (BPGs) is now a base requirement for CFD 
modeling. However, for purely practical reasons in terms of CPU overheads, there has to be some 
compromise in demonstrating mesh independence of solutions, for example for the VVER-1000 
primary loop model, but maximum convergence of residuals was generally observed, and some 
sensitivity studies in regard to input parameters and (RANS) turbulence models. In contrast, most of 
the measured data are still being presented without error bars. 
With the upgrade in computer hardware, and to a lesser extent software too (parallelization), the CFD 
simulations are now becoming more adventurous, with attempts to model explicitly core bundles and 
those primary circuit components for which 3-D representation is needed. Calculations involving some 
tens of millions of meshes are now becoming more common, and being used to simulate transients 
too. However, meshes next to walls are still too large, even for the application of high Reynolds 
number turbulence models, and require further mesh refinement.  
Several papers dealt with thermal mixing in T-junctions, and several sources of CFD-grade 
experimental data (meaning high resolution in space and time, instantaneous velocities and turbulence 
statistics) were identified. The need to employ advanced turbulence models (SAS, DES/LES) was 
noted, even for time-averaged data; RANS predictions were generally poor. In addition, for thermal 
fatigue studies, it is necessary to capture the dominant turbulence scales. It was again emphasized, 
however, that mesh dependency remains an intrinsic feature of LES/DES approaches in physical 
space, since mesh refinement changes also the filter width of the resolved field. Hence strict 
application of BPGs is not possible. 
Innovative measuring techniques for producing the comprehensive local velocity and temperature (or 
passive scalar) data needed for CFD code validation were evidenced in several papers. For example, 
a 10 kHz planar array sensor has the possibility to measure non-intrusively film thicknesses in opaque 
fluids, and signals from wire-mesh sensors enable contours to be drawn over an entire pipe cross-
section. These data complement those traditionally made using thermocouples.  
CFD-grade data collection (over 4000 points) was reported in the downcomer section of the ROCOM 
test facility. There were also CFD-grade data collected in a vertical mixing test (VEMIX). A suspicion 
was advanced that outstanding discrepancies in boron dilution studies may be due more to the use of 
inappropriate turbulence models (to date RANS-based) than lack of geometric complexity in the 
models. The use of LES may be warranted, though if employed improvements need to be made in the 
near-wall treatment, the damping of maxima due to filtering, and a rationale for filter-width 
determination.  



4 

 

Session BOI: Boiling Flow, Bubbly Flow and critical heat flux (Chairmen: E. Hervieu 
and M. Henriksson) 

In the session BOI, six papers presented modeling & CFD calculations, three papers presented 
measurement techniques, and two papers presented experimental data bases. 
Not so many authors referred to BPGs, and they were only partly applied in some cases. 
The main modeling issues dealt with bubbly flows and treated wall models, bubble dynamics, transport 
of interfacial area concentration, and turbulence modeling. A lack of validation data was pointed out for 
the wall heat transfer coefficient, the bubble departure diameter & frequency, the expressions of forces, 
and for the complex interactions between bubble dynamics and the turbulence. Source and sink terms 
for interfacial area concentration transport equations are still a major concern. K-ε models are used as 
« standard » but advanced models like RST are necessary to describe swirl. 
A trend is noticed toward more complex geometries, which require mesh refinement and high CPU 
cost. 
Measurement techniques tend to progress towards higher space and time resolution, toward complex 
geometries (pipes with internals) using non intrusive techniques, and toward representative thermal-
hydraulics conditions. 
Innovative work was presented with photon attenuation (X, ), and miniaturized wall electrical sensors. 
Such advances require long-time development. 
Presentations revealed that large efforts have been devoted to the assessment of measurement 
techniques by comparison with reference techniques, the achievement of dedicated calibration 
procedures, and rigorous accuracy quantification. 
Targeted 3D experimental databases dedicated to CFD validation were presented using either 
air/water or simulation fluids to represent steam-water flows. Experimentalists devoted large efforts to 
the accuracy quantification concerning the measured data, the operating conditions, and the 
documentation that makes the data usable. 
There still remain lacks in bulk velocity measurement, near-wall measurement, in the use of 
representative geometries, and in the investigation of nominal reactor thermal-hydraulics conditions. 

Session MS: Multiscale Analysis (Chairmen: D. Bestion and Y Hassan) 

This session, together with the lecture of Pr. Banerjee was a little different from the others. Here, CFD 
is not used directly for safety application but fine scale simulations are used for helping more 
macroscopic tools such as system codes or CFD with an averaged approach (RANS) to better model 
some specific small scale phenomena. Various techniques are used, such as DNS (Direct Numerical 
Simulation, LES (Large Eddy Simulation), with ITM (Interface Tracking Method), or ISS (Interface and 
Subgrid-Scale), which may bring precious information that available experimental techniques may not 
be able to provide. 
Some progress has been obtained in the development and use of these two-phase fine scale 
approaches and the nuclear reactor safety community encourages research people to further develop 
and apply these tools focusing on some issues of interest. In the future, it might be proposed that 
people who develop closure relations for macroscopic approaches (system codes and CFD with an 
averaged approach) establish a list of small scale phenomena which are not well known, not 
measurable even with up to-date techniques, and which could be better known by such small scale 
numerical simulations. The nuclear safety community would give challenges to the scientific 
community for a better synergy between them and at the end for a better treatment of some safety 
issues. 

Session CO: Containment thermal-Hydraulics (Chairmen: J. Mahaffy and E. Graffard) 

In the session CO papers presented either experimental work or CFD applications to containment 
thermal-hydraulics, including mixing of steam-helium-air (helium being a substitute of Hydrogen), 
spray behavior and effects, jet flows, condensation and re-vaporization, and catalytic recombiners. 
Some progress was observed since the last workshop: 

 Gradual improvements are evident in two phase CFD tools such as NEPTUNE-CFD and 
GASFLOW 

 Interesting new instrumentation concepts are reported in particular in the PANDA facility 
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 New numerical model are proposed for droplet evaporation at the wall 
However problems are reported with liquid film modeling and condensing surfaces and questions are 
raised about modeling re-vaporization of those condensate liquid films. It was also underlined that 
diameter variations of the droplets caused by collision, fragmentation, and coalescence, should be 
taken into account in future calculations. 
There is a lack of separate effects experiments about sprays for validation of CFD application to 
containment simulations. If existing experiments cannot be applied to this issue, new experiments are 
needed. There was also an issue concerning potential problems with the reliability of gas 
concentration by measuring the sound speed, when a fog of condensing steam is present.  
All papers showed some level of mesh sensitivity study and some attempts to justify numerical choices 
Not attempt to quantify uncertainties was presented. 
A better idea of scale effects in containments is still required, which is: certainly a real challenge! 

Session CSG: Core and Steam Generators (Chairmen: M. Andreani and F. Moretti) 

The paper CSG-01 described an iterative process adopted at Westinghouse where CFD models are 
continuously improved and upgraded on the basis of new experimental information and increasing 
computational resources as well. Some experimental work and code assessment activity were also 
presented. The paper CSG-02 dealt with experimental investigations on flow mixing in the upper part 
of a VVER-440 coolant channel. In particular results from PIV and LIF measurement were shown, 
providing velocity and temperature distributions in the observed region and evidencing the effects of 
geometrical discontinuities on the flow field.  
Papers CSG-03 and CSG-05 dealt with the CFD modeling of the SG of VVER reactors; the purpose of 
such activity was to obtain accurate information on the flow distribution over the SG tubes and thus 
help reducing the uncertainties connected with SOCRAT system code nodalization. The paper CSG-
04 was related to the experimental and numerical investigation of pressure losses across spacer grids. 
The effect of the inclination of the mixing vanes was considered as an experimental parameter. LES 
was used in order to understand and clarify the main features of the turbulent flow downstream of the 
spacer, then RANS calculations were performed and results were compared against measured data. 
Although very interesting, the presentations seem to be not fully representative of the large amount of 
work that is being done in the related fields of Core and SG simulation, and may not reflect the state-
of-the-art. Therefore also the present comments have to be taken with the due care since they are 
based on a limited set of results. 
In comparison with the last Workshop, some progress has been observed: 

 Detailed validation methodology, including stepwise approaches, are being developed for the 
calculation of heat transfer in bundles, including spacer effects. 

 Better data are available which include velocity fields. 
 Some details such as the azimuthal distribution of heat transfer parameters are now being 

addressed, and CFD-grade information of velocity fields are obtained. 
 More and more attention is being paid to the estimation of experimental uncertainties and 

interpretation of the discrepancies between experimental data and CFD analyses. 
All the works presented dealt with single phase flow and some difficulties related to turbulence 
modeling in complex geometries are reported. In relation to steam generator modeling, the large 
variety of accident conditions suggests to use various models for SG depending on the specific issue. 
There is probably a need to group such issues, for instance depending on water inventory on the 
secondary side. 
A very interesting methodology was proposed to use data at low-Re number to compare qualitatively 
results obtained by CFD simulations for typical conditions (much higher Re number). However data in 
core conditions would be required for a proper code validation. 
For the simulation of core and steam generator the current computer power basically prevent from 
applying existing BPG, because of the complex geometries: typically several million nodes are 
necessary (at least) for a detailed representation of the geometry and a refinement is basically 
impossible. Mesh refinement is possible only for special cases such as calculation of pressure losses 
across spacer grids. 
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Session AR: Advanced Reactors (Chairmen: T. Schulenberg and F. Ducros) 

The session AR presented experiments and CFD simulations related to gas cooled reactors and to 
Sodium cooled reactors. 
Measurement systems for heavy liquid metals are still in an early stage of development compared with 
the advanced non-invasive methods used with air or water. There is certainly a lot to be done in future 
to develop reliable measurement systems. 
Gas entrainment and two phase flow modelling has been the subject of 3 papers about sodium cooled 
reactors. An interesting and novel approach for the numerical study of such problems has been 
introduced by Kei Ito et al., which was discussed in the session. They used a high precision volume of 
fluid algorithm which was formulated for an unstructured mesh. The method is volume conservative 
and phase velocities are defined independently using volume fraction values. Comparison with a 
single bubbly experiment was used for verification. This example shows that the simulation of a free 
surface flow can still be improved significantly by a more precise volume of fluid approach. 
Another general subject of discussion was the importance of computer hardware configuration and 
system programming to optimize CFD for large grid applications. A closer interaction of computer 
system developers with CFD users was recommended to make best use of existing hardware. 
 



 
 

CONCLUSIONS AND RECOMMENDATIONS 

 

 

There were 147 registered participants to the workshop to hear 5 invited talks, 3 talks on OECD-CSNI 

activity related to CFD, 44 technical papers, and to see 15 posters. This is about 50% increase with 

respect to the previous CFD4NRS held in Garching in 2006, and this confirms that there is a real need for 

such workshops. The objectives that 2/3 of the papers be concerned with two-phase issues and 1/3 

dedicated to experimental techniques and CFD grade experimental data were reached. Many participants 

sent the message that the workshop was well organised. USA might be candidate to host a follow-up 

meeting, perhaps organized by US-NRC (confirmed by NRC a few days after the workshop). The 

suggestion received encouraging remarks from the audience during the discussion at the panel session. 

KAERI also proposed to host and organize a future workshop. A great majority of participants considered 

they would be interested in attending a follow-up workshop within two years.  

Comments were made during the panel session on the content of XCFD4NRS. It was considered that 

some contributions were not directly related to the nuclear safety. Another comment suggested that such 

workshops should be a forum to discuss novel approaches but one must also keep in mind that the end 

users are people from the nuclear safety. There was a consensus on the need to keep a high quality of 

papers. It was also suggested to promote international benchmarks for CFD.   

Both CFD4NRS and XCFD4NRS workshops proved to be very valuable means to assess the status of 

CFD code capabilities and validation, to exchange experiences on CFD code applications, and to monitor 

progress.  

Offer was again made to publish selected papers from the workshop in a special issue of the Nuclear 

Engineering and Design (NED) Journal. It was also mentioned that the special issue devoted to 

CFD4NRS received a very high number of visits on the journal website and a lot of papers were 

downloaded. Session chairmen will make a selection of papers to be submitted to the NED Journal. It is 

anticipated that the special issue of NED dedicated to XCFD4NRS will appear early in 2009. 

 

The following additional comments were made:  

 

 Current capabilities of two-phase measurement techniques are still too limitative for CFD 

validation. Further efforts are required to develop more advanced techniques, such as X-ray PIV, 

and international cooperation is necessary to support the high cost of development.  

 Most of CFD codes are commercial and do not offer a full transparency with access to sources, 

which may be a problem from a regulation point of view.  

 Application of CFD to Nuclear Safety requires that code uncertainties are determined, as they are 

now for system codes.  

 

The participants made the following recommendations:  

 One should keep a close link between people developing experimental techniques and performing 

validation experiments, and people developing CFD models and codes.  

 Best Practice Guidelines should still be promoted, which requires that they are further developed 

and made more specific to each application. For two-phase CFD the establishment of Guidelines 

on the choice of the physical models depending on the phenomena being investigated has to be 

considered as a long term activity.  

 Experimental techniques should be further developed to provide CFD-grade data for validating 

CFD models, including estimates of measurement uncertainties.  

 A new item should be added in the scope of the workshop: the development and application of 

uncertainty evaluation methods for CFD codes. 
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ANNEX I 

ORGANISATION AND PAPER SELECTION 

 

The Organising Committee and the Scientific Committee for the Workshop were formed from members of 

the three writing groups plus some other well known experts. 

 

Organising Committee  

Dominique Bestion, Commissariat à l’Energie Atomique, France, General Chair 

Brian L. Smith, Paul Scherrer Institute, Switzerland, Co-Chair 

John H. Mahaffy, Pennsylvania State University, USA, Co-Chair  

Eric Hervieu, Commissariat à l’Energie Atomique, France 

Martina Scheuerer, Gesellschaft für Anlagen- und Reaktorsicherheit, Germany 

Han-Chul Kim, OECD Nuclear Energy Agency, France, Secretariat 

Suk-Ho Lee, International Atomic Energy Agency, Austria, Secretariat 

Bernard Faydide, Commissariat à l’Energie Atomique, France, Local Organizer 

 

Scientific Committee  

Dominique Bestion, Commissariat à l’Energie Atomique, France 

Brian L. Smith, Paul Scherrer Institute, Switzerland 

John H. Mahaffy, Pennsylvania State University, USA 

Eric Hervieu, Commissariat à l’Energie Atomique, France 

Martina Scheuerer, Gesellschaft für Anlagen- und Reaktorsicherheit, Germany 

Ulrich Bieder, Commissariat à l’Energie Atomique, France 

Michele Andreani, Paul Scherrer Institute, Switzerland  

Henryk Anglart, Royal Institute of Technology, Sweden 

Mats E Henriksson, Vattenfall Development, Sweden 

Estelle Graffard, Institut de Radioprotection et de Sûreté Nucléaire, France 

Chul Hwa Song, Korea Atomic Energy Research Institute, Korea 

Dirk Lucas, Forschungszentrum Rossendorf, Germany 

Fabio Moretti, University of Pisa, Italy 

Tadashi Morii, Japan Nuclear Energy Safety Organization, Japan 

Tadashi Watanabe, Japan Atomic Energy Research Institute, Japan 

Ghani Zigh, United States Nuclear Regulatory Commission, USA 

Yassin Hassan, Texas A&M, USA 

Horst-Michael Prasser, ETH Zurich and Paul Scherrer Institute , Switzerland 

 

The organising committee had the major responsibility for the practicalities associated with the setting up 

the workshop. Announcements were drawn up and circulated, and the criteria governing paper selection 

based on an extended abstract defined. An email list comprising nearly 750 addresses was the basis for 

distributing the first announcement. As the abstracts arrived, they were sent to members of the organising 

and scientific committees for evaluation. Of the 79 abstracts received, 3 were rejected as being unsuitable 

for the objectives of the workshop and invitations to write a full paper were sent out with only 44 for oral 

presentations and 32 for poster presentation at the workshop. In response, 59 draft papers were received 

and 17 papers withdrawn.  
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All the draft papers were distributed to the members of the Scientific Committee who sent them to two or 

more reviewers. All reviewed 59 papers were subsequently finalised by the authors. In addition, each of 

two keynote speakers (T. Schulenberg and T. Hibiki) provided a full-length paper to accompany his 

presentation.  

Session chairmen were chosen from members of the organising and scientific committees. Summaries of 

the sessions have been subsequently written by them.  

CEA-Grenoble hosted the workshop, and provided the infrastructure and staff necessary to support it. The 

local organiser took responsibility for all matters relating to local arrangements, including allocation and 

equipping of lecture rooms, the production of the hand-outs, for organising refreshments, lunches and 

evening programmes for delegates and accompanying persons, transport and accommodation, and for 

keeping the registrations and accounts in order.  

The workshop took place over 2½ days from 10 to 12 September 2008.  
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