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Summary

Charpy V-notch (CVN) impact testing is widely used to characterize the resistance of a ma-
terial to brittle fracture, by measuring the energy consumed by a specimen during impact.
Notably materials undergoing a ductile-to-brittle transition, e.g. ferritic steels, are quality
controlled by means of CVN testing, and their ductile-to-brittle transition temperature can
be determined. Charpy testing is also widely used in the toughness assessment of large forged
components, e.g. pressure vessels for pressurised water reactors (PWR). However, currently
no satisfactory link between the Charpy impact energy CVN and the fracture toughness KIc

exists. This study aims to establish a non-empirical relationship between the Charpy V-notch
energy CVN , and the fracture toughness KIc, on the lower shelf of fracture toughness and
the onset of the ductile-to-brittle transition of a A508 Cl.3 steel. The methodology employed
is based on the so-called `local approach'. Brittle cleavage fracture is modelled in terms of
the Beremin (1983) model based on `weakest link' statistics, whereas ductile crack advance
preceding cleavage in the transition region is accounted for with the GTN model (Gurson,
1977; Tvergaard, 1982; Tvergaard and Needleman, 1984).

Mechanical testing at di�erent strain rates allowed for the establishment of the constitu-
tive equations of the material in an elastic-viscoplastic formulation. Fracture tests on di�erent
specimen geometries provided the large data set necessary for statistical evaluation. All spec-
imen types have been modelled with �nite element analysis. However, the dynamic nature of
the Charpy test requires special consideration. The origin of these dynamic e�ects was studied,
as well as their implications on interpretation of experimental results and on modeling. After
a proper modeling procedure had been de�ned, the local approach was employed for studying
fracture.

It is found that the fracture toughness can be predicted from the Charpy impact test,
on the lower shelf. Towards higher fracture toughness, the parameters of the Beremin model
change, losing their universality. Detailed fractographic investigations show that the nature
of `weak spots' inducing cleavage fracture changes with temperature. Furthermore, the local
cleavage fracture stress acting on these `weak spots' was found to change with temperature.
The results are in agreement with those obtained by Renevey (1997) in a previous study on
the same material. Thus it is concluded that the Beremin model must be re�ned in order to
be applicable in the ductile-to-brittle transition region.



Résumé

L'essai Charpy V est largement appliqué a�n de caractériser la fragilité d'un matériau, en
mesurant l'énergie consommée pendant l'impact. Notamment les matériaux qui subissent une
transition ductile-fragile, comme p.ex. les aciers ferritiques, sont contrôlés pour leur qualité
avec l'essai Charpy, et leur température de transition peut être déterminée. L'essai Charpy est
aussi largement appliqué dans l'évaluation de la ténacité de grands composants forgés, p.ex.
la cuve des réacteurs à eau préssurisée (REP). Cependant, il n'existe pas de lien satisfaisant
entre la ((résilience)) KCV (l'énergie à rupture normalisée par la section de l'éprouvette) et la
((ténacité)) KIc d'un matériau. Cette étude vise à établir une relation non-empirique entre la
résilience et la ténacité, dans le bas et dans le début de la transition, pour un acier 16MND5.

La méthodologie appliquée est basée sur l'approche ((locale)). La rupture fragile par clivage
est modelisée avec le modèle de Beremin (1983) basé sur l'hypothèse du ((maillon le plus faible)),
tandis que l'avancée ductile de la �ssure, qui éventuellement précède le clivage, est prise en
compte avec le modèle de GTN (Gurson, 1977; Tvergaard, 1982; Tvergaard and Needleman,
1984).

Des essais mécaniques e�ectués à plusieurs taux de déformation ont permis d'établir la
loi de comportement du matériau dans une formulation élasto-viscoplastique. Des essais de
rupture sur di�érentes géométries d'éprouvette ont fourni un grand nombre de résultats, suf-
�sant pour une évaluation statistique. Toutes les géométries d'éprouvette ont été modélisées
par la méthode des éléments �nis. La nature dynamique de l'essai Charpy nécessite une consi-
dération spéciale. L'origine des e�ets dynamiques a été étudiée, ainsi que leur implication sur
l'interprétation des résultats et la modélisation. Suite à la dé�nition d'une démarche propre
de modélisation, l'approche locale a été appliquée pour étudier la rupture.

Il est montré que la prévision de la ténacité à partir de l'essai Charpy est possible, dans
le bas de la transition. Vers des valeurs de ténacité plus élevées, les paramètres du modèle de
Beremin changent et ne sont plus universels. E�ectivement, il est montré par des investigations
fractographiques detaillées que la nature des ((points faibles)) qui amorcent le clivage varie
selon la temperature. La contrainte locale de clivage excercée sur ces ((points faibles)) apparaît
varier avec la température. Ces résultats sont en accord avec ceux obtenus par Renevey (1997)
dans une étude précédente sur le même matériau. On arrive à la conclusion que le modèle
de Beremin doit etre ra�né pour permettre son application dans le domaine de la transition
ductile-fragile.



Zusammenfassung

Der Kerbschlagbiegeversuch wird weithin angewandt, um die Sprödbruchneigung von Werk-
sto�en zu charakterisieren, indem die von der Probe während des Versuches aufgenommene
Arbeit gemessen wird. Speziell jene Werksto�e, die einen Übergang von duktilem zu sprödem
Verhalten zeigen, wie z.B. ferritische Stähle, werden mittels des Kerbschlagbiegeversuches auf
ihre Qualität überprüft, und ihre Übergangstemperatur kann bestimmt werden. Der Kerb-
schlagbiegeversuch wird ebenfalls oft in der Bruchzähigkeitsanalyse von groÿen Schmiedeteilen
angewandt, z.B. für den Druckkessel von Druckwasserreaktoren (DWR). Allerdings existiert
bislang keine zufriedenstellende Beziehung zwischen der Kerbschlagarbeit und der Bruchzähig-
keit KIc. Die vorliegende Arbeit setzt sich die Herstellung einer nicht-empirischen Beziehung
zwischen der Kerbschlagarbeit und der Bruchzähigkeit zum Ziel, und zwar für einen A508
Stahl (ähnlich 20MnMoNi 5 5) im Sprödbruch- und im Beginn des Übergangsbereiches.

Das dabei angewandte Verfahren basiert auf sogenannen � lokalen� Bruchmodellen. Der
Spaltbruch wird mit dem Beremin (1983) Modell modelliert, das auf der � Weakest Link� An-
nahme basiert, während der duktile Riÿfortschritt, der im Übergangsbereich dem Spaltbruch
eventuell vorausgeht, mit dem GTN Modell (Gurson, 1977; Tvergaard, 1982; Tvergaard and
Needleman, 1984) berücksichtigt wird.

Mechanische Prüfversuche bei verschiedenen Dehnraten ermöglichten die Formulierung
des Werksto�verhalten mit einem elastisch-viskoplastischen Materialgesetz. Bruchversuche an
verschiedenen Probengeometrien ergaben eine groÿe Menge an Resultaten, die für eine stati-
stische Auswertung benötigt wird. Alle Probentypen wurden mittels Finite-Elemente Analyse
modelliert. Die dynamische Natur des Kerbschlagbiegeversuches verlangt besondere Aufmerk-
samkeit. Die Ursache der dynamischen E�ekte wurde studiert, als auch ihre Implikationen auf
die Interpretation von Versuchsergebnissen sowie auf die Modellierung. Nachdem geeignete
Modellierungverfahren de�niert worden waren, wurden die lokalen Bruchmodelle angewandt.

Im Spaltbruchbereich kann die Bruchzähigkeit aus dem Kerbschlagbiegeversuch ermittelt
werden kann. Zu höheren Zähigkeiten hin ändern sich die Parameter des Bereminmodelles,
womit keine Übertragbarkeit mehr gegeben ist. Detaillierte fraktographische Untersuchungen
zeigen, daÿ sich tatsächlich die Natur der Schwachstellen mit der Temperatur ändert. Auÿer-
dem wurde gefunden, daÿ sich die lokal auf die Schwachstellen wirkende Spaltbruchspannung
mit der Temperatur ändert. Diese Ergebnisse stimmen mit jenen überein, die Renevey (1997)
in einer vorhergehenden Untersuchung am gleichen Werksto� gefunden hat. Es ergibt sich die
Schluÿfolgerung, daÿ das Bereminmodell einer Verfeinerung bedarf, um im Übergangsbereich
angewendet werden zu können.
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Nomenclature

a half crack length of a Gri�th crack;
notch depth or crack length of a 3-PB (three-point-bending) or CT specimen

A normal distribution of void nucleation;
elongation (tensile test)

Ag uniform elongation (at maximum load)
AE notched tensile (`axisymétrique entaillé') . . . ;

acoustic emission
b ligament width specimen (b = W − a)
B specimen thickness
BL boundary layer . . .
c sound velocity
C total compliance
CDF cumulative distribution function
CM machine compliance
Cs specimen compliance
CT compact tension . . .
CTOA crack tip opening angle
CTOD crack tip opening displacement
CVN Charpy V-notch . . .
CVN Charpy V-notch impact energy
d displacement
DBTT ductile-to-brittle transition temperature
E Young's modulus
f void volume fraction
fc critical void volume fraction
fN volume fraction of void nucleating particles
fv inclusion volume fraction
f0 initial void volume fraction
F (x) cumulative distribution function of x
FEM �nite element method
GTN Gurson-Tvergaard-Needleman
HRR Hutchinson-Rice-Rosengren
J J-integral
JIc (static) fracture toughness in terms of the J-integral
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K Hollomon law scaling parameter;
stress intensity factor

KI mode I stress intensity factor
KIc (static) fracture toughness
KId dynamic fracture toughness
KJc (cleavage initiation) fracture toughness evaluated in terms of the J-integral

and converted to a KIc value
l0 crack length
lc0 critical crack length
m e�ective hammer mass;

Weibull parameter
munb unbiased Weibull parameter
n strain hardening exponent;

number of volume elements V0;
nth specimen out of a number of N

n.d. not determined
N number of specimens
NT notched tensile . . .
p strain rate hardening parameter;

failure probability of one volume element V0

P probability (cumulative distribution function);
load

PF probability of failure
Pcleav cleavage fracture load
Ppre pre-load level
PDF Probability density function
q1, q2 parameters introduced by Tvergaard (1981, 1982)
r radial coordinate as seen from a crack tip
R radius of spherical void;

radial outer contour of half-circular geometry used in boundary layer analysis
Rp0.2 0.2% yield stress
Rm (engineering) fracture stress
R0 initial void radius
RKR Ritchie-Knott-Rice
sN standard deviation for void nucleation
SEM scanning electrone microscope
T temperature
TKIc temperature corresponding to KIc = 100 MPa

√
m

TK28 temperature corresponding to CVN = 28 J
T0 reference temperature
ux horizontal displacement
uy vertical displacement
v loading (crosshead or striker) velocity
Vpl plasti�ed volume
V0 reference volume
W specimen width
Z reduction of area (tensile test)
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x random variable;
location of a cleavage initiation site in the thickness direction of the specimen
(from the outer surface)

xu location parameter
x0 scale parameter
X characteristic distance (RKR model)
y1 location of a cleavage initiation site from the notch root (CVN specimen)
y2 location of a cleavage initiation site from the ductile crack front (CVN specimen)
y3 location of a cleavage initiation site from the fatigue pre-crack (CT specimen)

α material constant describing the distribution of microcracks
β material constant describing the distribution of microcracks;

material constant describing the temperature dependence of the �ow stress
γeff e�ective surface energy
γp plastic work
γs surface energy
εeq equivalent plastic strain
εfract true fracture strain (tensile test)
δij Kronecker delta
εpl
ij plastic part of the macroscopic strain

εpl
M equivalent plastic strain in the matrix

εN mean void nucleation strain
εpl plastic strain
ε1 largest principal strain
ε̇ strain rate
ε̇eq equivalent plastic strain rate
ε̇0 normalisation parameter
Θ angular coordinate as seen from a crack tip
µ shear modulus
ν Poissons's ratio
σ̄ dynamic �ow stress
σc theoretical cleavage stress
σeff

1 `e�ective' largest principal stress
σeq macroscopic e�ective Mises stress
σh macroscopic hydrostatic stress
σfract true fracture stress (tensile test)
σu characteristic cleavage stress (corresponding to a failure probability of 63 %)
σW Weibull stress
σy yield strength
σ0 static �ow stress;

mean �ow stress
σ1 largest principal stress
τ period of inertial oscillation





Chapter 1

Introduction

1.1 State-of-the-Art

The Charpy impact test has been used for the toughness assessment of metallic materials for
some hundred years. It is standardized, e.g. see AFNOR (1990), and largely applied in industry,
due to the fact that it is easy to conduct and results can be obtained quickly and with little
cost. Normalised Charpy V-notch (CVN) specimens are of simple geometry (a rectangular bar
of dimensions 10× 10× 55 mm3 provided with a 2 mm deep notch) and loaded in three-point
bending on a machine that is simple as well. The principle can be depicted from �gure 1.1.

The striker, �xed to a swinging arm, impacts the specimen situated on the lowest point
of the trajectory described by the pendulum. The di�erence in potential energy between the
starting position of the pendulum and the peak level of rise after the impact equals the energy
consumed by deformation and fracture of the specimen, denoted Charpy V-notch impact
energy (CVN). Its value can be read from a dial, situated on the pendulum axis. Alternative
interpretation procedures are based on the aspect of the fracture surface (�brous or cristalline),
or on the lateral expansion of the specimen.

All procedures have in common that they deliver some rather qualitative information on the
proneness of a material to low energy brittle fracture. This allows to characterize materials
that undergo a ductile-to-brittle transition, that can be induced by external factors (low
temperature, high strain rate), but also by internal factors (heat treatment, irradiation). So
the Charpy test is often employed in order to characterize a material's DBTT (ductile-to-
brittle transition temperature). A typical material that undergoes this transition is ferritic
steel, which is also the material used in this study.

Although the Charpy impact test is widely spread, it is su�ering from a serious drawback.
It cannot immediately be used for a quantitative safety assessment of a material by the means
of fracture mechanics, since CVN and KIc are not directly related. This is rather obvious,
since these two approaches are fundamentally di�erent:

• The fracture toughness KIc is de�ned as the critical stress intensity factor. The stress
intensity factor is a crack tip loading parameter, i.e. a characteristic single `global' pa-
rameter describing the `local' stress and displacement �elds ahead of a crack tip. The
critical value of these `local' variables � characterized by the critical value of the `global'
stress intensity factor � can thus be considered as the material's resistance to the prop-
agation of a crack.

11
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Figure 1.1: top: Principle of the Charpy impact test. bottom: Standard Charpy V-notch spec-
imen.

• The Charpy impact energy CVN , however, is a `global' parameter that is not directly
linked to `local' variables. It contains both the plastic deformation energy and the frac-
ture energy. No crack is present yet in the standard Charpy specimen, so part of the
energy is necessary for inducing a crack into the specimen. The contributions of these
energies in the experimental result cannot be separated.

Still, procedures for a conversion from CVN to KIc values have been developped, based on
empirical formulas. Some of these empirical correlations are given by Server (1985); Herzberg
(1995). On the lower shelf of fracture toughness, which is the domain of interest in this work,
basically the following two types of approaches can be distinguished: The simplest correlations
convert CVN to KIc in one step (Barsom and Rolfe, 1970; Sailors and Corten, 1972; Barsom,
1975), whereas slightly more elaborate ones (Marandet and Sanz, 1976, 1977; Wallin, 1989;
Valo et al., 1993) demand to take into account the di�erence in DBTT between CVN and
KIc via a shifting procedure (see table 1.1). However, a less empirical conversion would be
desirable, since the degree of conservatism given by these correlations depends strongly on the
material, and no unique correlation can cover the entire transition range.

Two adaptions have been proposed to the Charpy test in order to obtain more quantitative
information. One large improvement has been obtained by the introduction of the instrumented
Charpy impact test. Instrumentation of the striker (e.g. with strain gauges) permits to obtain
load vs. time records, that can be translated into load vs. loadline displacement (de�ection)
via formulas, or measurement of the striker displacement (velocity). The importance of this
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Table 1.1: Simple CVN�KIc correlations for the lower shelf of fracture toughness.

reference formula (for E = 207 GPa) validity domain
CVN [J] σy [MPa]

Barsom and Rolfe (1970) KIc = 6.76 (CVN)3/4 4�82 270�1700
Sailors and Corten (1972) KIc = 14.6 (CVN)1/2 7�68 410�480

Barsom (1975) KId = 11.5 (CVN)1/2 2.7�61 250�345
Marandet and Sanz (1976) TKIc = 9 + 1.37 TK28 5�(110) 274�820

KIc = 19 (CVN)1/2

shift by (TKIc − TK28)
Wallin (1989) KIc = 20

+{11 + 77 · exp (0.019 · [T − TK28 + 18])}
·
(

25
B

)1/4

·
(

ln
1

1 − PF

)1/4

where

B specimen thickness [mm],
CVN Charpy impacy energy [J],
E Young's modulus,
KIc static fracture toughness [MPa

√
m],

KId dynamic fracture toughness [MPa
√

m],
PF probability of failure,
T temperature [◦C],
TKIc temperature [◦C] corresponding to KIc = 100 MPa

√
m,

TK28 temperature [◦C] corresponding to CVN = 28 J,
σy yield stress [MPa] at ambient temperature.

measure can be depicted from �gure 1.2 (schematic representation following Maigre (1990)).
The load vs. de�ection curves of tests on di�erent materials are superposed. The curves are
very di�erent, re�ecting a thoroughly di�erent (constitutive, damage and fracture) behaviour.
Material A is a ferritic steel that was tested at low temperature. No apparent softening of
the material due to damage occurs prior to the sudden load drop indicating cleavage fracture
of the specimen. Material B is an aged duplex steel and fails due to progressive damage and
ductile crack propagation (smooth load drop). Yet both tests yielded similar CVN values.
Clearly, simple CVN�KIc correlations cannot capture these fundamental di�erences.

Furthermore, evaluation of the general yield load can allow some estimation of the (dy-
namic) yield stress, as proposed by Fearnehough and Hoy (1964); Server (1978b,a). Finally,
simple analytical estimations of the fracture stress can also be made, if fracture occurs prior
to or at general yield (Fearnehough and Hoy, 1964; Wilshaw and Pratt, 1966; Knott, 1967;
Wullaert, 1970). Standard (non-instrumented) testing cannot yield these informations.

The second measure is the use of pre-cracked specimens. Pre-cracking up to a notch depth
ratio a/W of about 0.55 adapts the Charpy specimen geometry to the application of fracture
mechanics. Standards (ESIS, 1996a,b) are in the course of development that will allow to
employ the pre-cracked Charpy specimen for fracture mechanics (KId, JId, CTOD, CTOA)
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Figure 1.2: Load vs. de�ection records of two di�erent materials tested by instrumented Charpy
impact test. Schematic representation after Maigre (1990).

evaluation. However, it can be anticipated that validity problems will be encountered. The
small size of the Charpy specimen leads to general yielding very early in the loading history.
Under these conditions, the J-integral does not characterize the crack tip loading any more.
This would call for the application of two-parameter (K-T , J-Q) approaches, which complicate
the evaluation. Furthermore, pre-cracked specimens are not always available. For instance, in
order to monitor the irradiation-induced embrittlement of components used in the nuclear
industry, standard (not pre-cracked) Charpy V-notch specimens are currently used, which
cannot easily be pre-cracked before testing.

A methodology that could allow the development of a better physically-based procedure
for the exploitation of the Charpy V-notch test is given by the so-called `local' approach. In
contrast to the `global' approach based on the application of fracture mechanics, as described
above, the `local' approach is based on the direct examination of some local �eld quantities,
that appear to control damage evolution and fracture initiation for the fracture type to be
examined. The computation of these local parameters is commonly carried out by means of
FEM (�nite element method). The local approach as a general term can be regarded as an
`omnium-gatherum' of di�erent approaches that are embedded in continuum mechanics. It is
based more or less on damage mechanics, applicable to all damage types, both intergranu-
lar and transgranular cleavage fracture, ductile fracture, creep, and fatigue. Prerequisites for
application of a local approach to fracture are the following (Mudry, 1987):

1. A model based on micromechanics has to be provided, describing the physical phe-
nomenon.

2. The local �eld quantities (i.e. stress and strain �elds) in the structure have to be known.
Commonly this computation is carried out numerically (FEM).

Typical for several of these local approaches is the introduction of a `scaling parameter',
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a characteristic distance in the order of 50 µm (grain size, inclusion spacing), that controls
damage in the presence of singular stress-strain �elds (crack tip situation). It has been intro-
duced by Ritchie et al. (1973) who presented an analysis relating the critical tensile stress on
cleavage to the fracture toughness (`RKR model'). This model is presented in section 2.1.

Currently concerted activities are being undertaken in order to gather experiences that
could allow some standardization of the local approach (Brocks, 1995; ESIS, 1997). The ap-
plication of a local approach to fracture should allow the transferability of fracture toughness
data to any specimen geometry. However, the problems encountered can be important. In the
case of the Charpy impact test, there persist some `additional' di�culties in proper modeling.
Questions arise notably concerning

• importance of dynamic e�ects,

• state of constraint,

• complexity of boundary conditions,

• in�uence of the high strain rate (strain rate sensitivity, adiabatic heating, possible in-
�uence on cleavage mechanism).

1.2 Outline

The present work aims on the determination of a better founded relationship between CVN
and KIc, for an A508 Cl.3 low alloy construction steel. The domain of interest is the lower
shelf of fracture toughness (up to a KIc value in the order of some 100 MPa

√
m). This re-

gion is situated at low temperature, where the dominant failure mode is cleavage fracture. A
brief outlook to the onset of the ductile-to-brittle transition is also made. The methodology
employed is presented in the following:

• Chapter 2 brings a review of the fracture mechanisms encountered in this study, and the
approaches employed for modeling. Cleavage fracture is usually considered to be stress-
controlled. A basic model for cleavage fracture is thus already given by the Gri�th
criterion. The RKR model shows how a link between the yield strength and the fracture
toughness can be obtained, via the de�nition of some `characteristic distance'. However,
the large scatter of results indicates the highly stochastic nature of cleavage fracture,
which calls for statistical modeling. Hence another important concept is introduced, the
`weakest link' theory. It is based on the assumption that `weak spots' are present in the
material. A crack, induced by failure of one of these `weak spots', will spread over the
specimen, as a chain fails by failure of its `weakest link'. Commonly weakest link theory
is applied to purely brittle materials, as e.g. ceramics. Beremin (1983) showed how this
theory could be applied to steel. This model is employed in this work in order to model
cleavage fracture.

Ductile crack growth was also encountered in the experiments. Hence a short review
on this fracture mechanism is also given. It seems to be quite well understood, as the
succession of void nucleation at second-phase particles, void growth and �nally void
coalescence. One of the models incorporating ductile damage and crack growth into
the constitutive behaviour is the GTN model (Gurson, 1977; Tvergaard, 1981, 1982;
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Tvergaard and Needleman, 1984), that is also used in the course of this study. Finally,
the Beremin (1983) and the GTN model can be coupled in an attempt to model the
transition from cleavage to ductile fracture. In the transition region, these failure modes
coexist and compete. Failure may start by ductile crack initiation and be followed by a
sudden change of failure mode to cleavage fracture.

• Chapter 3 presents the entire set of experiments that have been run in the course of
this study. The �rst part is dedicated to the tests that were employed for identifying the
constitutive behaviour of the material, the knowledge of which is necessary for numerical
modeling. The high strain rate occurring during Charpy impact testing calls for an
elastic-viscoplastic formulation of the material law, in order to take into account the
rate-dependence of the �ow stress. For characterizing the low strain rate domain, the
results of static tensile tests run by Renevey (1997) have been used. Compressive tests
run over a wide range of strain rates and temperatures were employed for describing
the rate-dependence. Two parameter sets were identi�ed. A �rst set, optimized for a
temperature of -90 ◦C, was used in a �rst numerical study that focuses on `mechanical'
aspects (geometry, dynamics) of the Charpy test, as well for modeling `pure' cleavage
fracture. In an attempt to unify the material law formulation over the entire range of
temperatures, a second identi�cation has been made. This second set of parameters was
employed for the computations incorporating ductile crack initiation.

Fracture was studied on several specimen geometries. A large number of specimens was
employed, in order to allow for a statistical evaluation. First, the tests run by Ren-
evey (1997) on axisymmetric notched tensile specimens are reviewed. This is the typical
specimen geometry for applying the Beremin model. CVN tests were conducted, both
under quasistatic and dynamic (impact) conditions, at di�erent temperatures. Fracture
mechanics tests on CT specimens complete the series of tests, in order to obtain fracture
toughness data.

A large fractographic study of cleavage initiation was conducted on practically all CVN
and CT specimens (the notched tensile specimens have already been examined by Ren-
evey (1997)). There were two main objectives: On one hand, determine the location of
cleavage initiation. Comparison with the local stress and strain �elds obtained by nu-
merical analysis of the specimen should yield information on the critical `mechanical'
conditions for fracture initiation (see chapter 5). Secondly, identify some distinct mi-
croscopical feature that may be responsible for cleavage initiation. Potential sites were
identi�ed by following the radial step pattern which is emanating from them.

• Chapter 4 is dedicated to mechanical modeling. All specimen geometries have been
modelled by FEM (�nite element method) analysis. Comparison between experimental
and numerically computed global response (load � displacement) curves permitted to
check the validity of the numerical solution. Simulation of smooth tensile specimens also
allowed to identify the critical void volume fraction fc, which is an important parameter
in the GTN model.

A large numerical study of the CVN specimen aiming on `mechanical' aspects allowed to
understand the origin of the oscillations on the experimental load vs. time (de�ection)
curves. To this respect, dynamic transitional as well as modal analyses were employed.
The local stress and strain �elds have also been studied. Criteria have been studied
for de�ning a transition time for validating a quastistatic approach. Finally, in order to
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model ductile damage, crack initiation and crack extension growth in the CVN specimen,
the GTN model has been employed, in a rate-dependent formulation.

• Chapter 5 presents the results of cleavage fracture modeling. In the �rst section, a link
to the fractographic study presented in chapter 3 is established. Local stresses and other
mechanical parameters are evaluated for the entire set of identi�ed cleavage fracture
origins, in all specimen types. Thus a `failure locus' was identi�ed. The Beremin model
is applied in the `pure' cleavage domain, and together with the GTN model, in the onset
of the ductile-to-brittle transition region. The possibility of predicting fracture toughness
from Charpy tests is studied.

A modi�cation of the Beremin model is presented, in order to take into account the
in�uence of the accumulation of plastic damage on the actual stress �eld. An `e�ective'
stress is de�ned, based on unit cell computations, that allows to phenomenologically
describe the microscopic stress elevation with ductile damage. Speculations on the phys-
ical signi�cance of the Weibull parameters are made, as well as propositions for further
improvements.





Chapter 2

Fracture Mechanisms and Models

2.1 Cleavage Fracture

2.1.1 Mechanism

`Cleavage' is generally de�ned as the transgranular separation of crystals, typically on distinct
crystallographic planes. In the case of ferritic steels, {100} planes are the most common. In
steels generally no micro-cracks are present prior to loading. However, experimental evidence
shows that plastic deformation (twinning at very low temperature, otherwise slip) serves as a
precursor for cleavage in steels.

This observation is coherent with theoretical considerations on the cohesive strength (based
on the estimation of the strength of atomic bonds) that indicate that strong stress ampli�ca-
tions are necessary in order to explain the discrepancy between the (relatively high) theoretical
and the (relatively low) experimental cleavage stress. Possible stress raisers for slip-induced
micro-crack initiation are dislocation gliding and pile-up against some obstacle (grain bound-
ary, non-metallic inclusion, notably carbides, eventually inducing cracking of this particle,
(Smith, 1968)) or self-blocking of dislocations on a sessile plane (Cottrell, 1958). Some `�ber-
loading' mechanism for particle cracking has also been invoked (Lindley et al., 1970). A review
of cleavage fracture mechanims is given by Hahn (1984).

The stability of a crack is assessed in terms of the Gri�th criterion (i.e. a crack will induce
catastrophic failure if the work required for propagation is smaller than the work of the stress
normal to the microcrack). The critical stress is given as

σc =

√
2E′γs

πac
(2.1)

where

2ac critical crack length,
E Young's modulus,
E′ = E in plane stress,

= E/(1 − ν2) in plane strain,
γs surface energy,
σc theoretical cleavage stress.

For crystalline materials undergoing plastic deformation prior to fracture, an `e�ective'

19
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surface energy 2γs+γp = 2γeff is introduced, in order to account for the plastic work consumed
on crack tip blunting and crack tip shielding. γp is orders of magnitude larger than γs. Let us
summarize the steps for slip-induced cleavage initiation:

1. Nucleation of a microcrack, by dislocation pile-up against some obstacle, or particle
cracking, under the in�uence of a shear or tensile stress,

2. crack propagation through an adjacent grain (stress controlled),

3. further propagation of this crack (stress controlled).

In principle, each of these steps could be the critical one. Consequently, for mild steels,
grain and/or carbide size have been suggested as the microstructural features controlling
cleavage fracture (Petch, 1986). The critical crack length 2ac in equation 2.1 corresponds thus
to the grain and/or carbide size. Experimental evidence indicates that cleavage fracture in
many steels can be described by a critical stress criterion. It is thus generally concluded that
cleavage in these materials is propagation controlled. However, Godse and Gurland (1989)
suggest that the mechanism changes with temperature, from propagation controlled at higher
temperature to nucleation controlled at very low temperature.

In the case of more complex microstructures, such as bainitic steels, it is more di�cult
to de�ne a characteristic microstructural unit playing a role comparable to that of grain size
in mild steels: propositions include the lath width (Naylor, 1979), the packet or co-variant
packet size (Naylor, 1979; Brozzo et al., 1977), and the `e�ective' grain size based on the size
of the cleavage facets (Terasaki and Ohtani, 1972; Matsuda et al., 1972; Ohmori et al., 1974).
A schematic illustration of the de�nition of the `e�ective' grain size is given in �gure 3.3 in
chapter 3. The carbide diameter has also been invoked as a major factor controlling cleavage
fracture in bainite (Saario et al., 1984).

Whereas it can be well assumed that microcrack generation is generally caused by plastic
deformation, it has to be seen as a highly stochastic process, for two reasons: One is that
the size of particles and grains follows some distribution. The other is that not all particles
are `eligible' (Hahn, 1984), i.e likely to produce a crack. The conditions necessary for crack
initiation at a particular particle are that it is associated with a suitable stress raiser (pile-up),
that its orientation is favorable for nucleating a crack, and that the misorientations at the crack
boundary produce low local cleavage strength. In mild steels of large grain size that contain
large grain boundary carbides the microcrack formation can be well observed. It has been
found that proceeding plastic deformation continues to induce formation of new microcracks,
whereas the microcracks that had been generated previously blunt out, which prevents them
from becoming unstable (McMahon, Jr. and Cohen, 1965; Kaechele and Tetelman, 1969). Thus
the distribution of `weak spots' changes constantly in the course of plastic deformation.

A general weakness of the use of the Gri�th criterion (equation 2.1) on the micron scale
is that continuum mechanics can not be assumed to be valid anymore. For instance, taking
the critical length 2ac as the carbide diameter would clearly call for the use of dislocation
mechanics. A possible re�nement to this problem in terms of continuum mechanics could
maybe be o�ered by the use of `strain gradient plasticity'. Furthermore, the `e�ective surface
energy' γeff is but very poorly de�ned. Last but not least, the cracking of a carbide particle is a
dynamic event, imposing not only a certain stress intensity to the material ahead of the crack,
but also a rate of stress intensity. However, dislocation motion is sensitive to rate e�ects. More
re�ned approaches to cleavage fracture will be brie�y mentioned in section 2.2.
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2.1.2 The RKR Model

The RKR model has been introduced by Ritchie et al. (1973) who presented an analysis
relating the critical tensile stress for cleavage to the fracture toughness. A general formulation
reads as

σij

σy
= gij(Θ)f

[
r/ (K/σy)

2
]

(2.2)

where

σij is the stress tensor,
σy is the yield stress,
gij and f are functions that depend on the strain hardening behaviour of the material,
r and Θ are the polar coordinates ahead of the crack tip,
K is the stress intensity factor.

Taking r = X de�nes the characteristic distance X (�gure 2.1). Thus, considering the char-
acteristic distance to be a temperature independent microstructural unit, and postulating the
cleavage stress to remain constant as well, a change of toughness over temperature is induced
solely over the variation of the yield stress. One of the original arguments for introducing the
characteristic distance is the necessity to limit the stress singularity ahead of a crack tip, as
it is found in elastic analysis, as well as in small-strain elastic-plastic analysis as given by
the HRR �eld (Hutchinson, 1968; Rice and Rosengren, 1968). Else, vanishingly small loads
would produce fracture. However, crack tip blunting `naturally' limits the attainable stress
level ahead of a crack tip, as shown in large-strain analysis (�gure 2.1). Thus this argument
does not seem necessary.

The second argument suggested by Ritchie et al. (1973) is based on fracture mechanisms
considerations: Assuming a microcrack present in one grain, this crack is enabled to grow into
a second grain, if the tensile stress in the latter is su�cient for propagation. Thus the critical
distance X for cleavage fracture is commonly suggested as twice the grain size. However, it
has to be regarded as a �tting parameter, since experimental evidence is less stringent.

2.1.3 Weakest Link Theory and Weibull Statistics

Brittle failure of materials generally induces a large scatter in results. An appropriate way
to account for this scatter is statistical evaluation. Most probabilistic approaches to brittle
fracture are based on weakest link theory. It is based on the assumption that fracture of one
part of a structure immediately leads to failure of the entire structure. Thus, in the case of
a chain, the strength of the weakest link determines the strength of the entire chain. The
weakest link theory contrasts with the `chain-of-bundles' model (Daniels, 1945). The latter
concept assumes that several elements have to fail (damage accumulation and progressive
cracking), before the entire structure fails through unstable crack propagation. However, for
truly brittle materials, the weakest link theory seems appropriate. It is largely applied notably
for ceramics. The following excerpt is taken directly from Shih (1980).

Let us consider a chain consisting of several links. By testing, the probability of
failure of any single link at a load x or less, F (x), the cumulative distribution
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Figure 2.1: Schematic presentation of the RKR model. The critical cleavage stress σc has to
be exceeded over a certain distance X ahead of the crack tip.

function, can be found. 1 To determine the probability of failure of a chain con-
sisting of n links, Fn(x), the deduction has to be based upon the proposition that
the chain as a whole has failed, if any one of its parts has failed. Accordingly, the
probability of non-failure of the chain with n links, is equal to the probability of
simultaneous non-failure of all the links. 2 Thus we have

1 − Fn(x) = [1 − F (x)]n. (2.3)

Alternatively, if the probability that two or more links failed below the load x is
negligible, the probability of failure of the chain is equal to the summation of the
probability of failure of each link, that is

Fn(x) = nF (x) (2.4)

(end of excerpt). Until now only uniform loading of the structure has been considered (e.g.
a chain under tensile loading, when gravity is neglected). A simple extension of eq. 2.3 for a
component subjected to non-uniform stress is

1(original footnote given by Shih (1980)): F (x) is called the cumulative distribution function (CDF) of
the random variable (in this case, the strength of the chain). For a continous random variable, there is a
(probability) density function (PDF), f(x) = F ′(x) and F (x) =

∫ x

−∞ f(x)dx. The probability that the random

variable has a value between x and x + h is P (x < X < x + h) =
∫ x+h

x
f(t)dt.

2Or as Weibull (1951) puts it:
. . . �as the probability of surviving depends on the probability of not having died from many di�erent causes.�
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1 − Fn(p) =
n∏

i=1

[1 − F (xi)]. (2.5)

where p corresponds to the `global' load imposed to the structure. Weibull (1939, 1951)
found that any distribution of the form

F (x) = 1 − exp (φ(x)) (2.6)

could permit a close form expression of the probability of survival (non-failure), that is

1 − Fn(x) = [1 − F (x)]n = exp (nφ(x)) . (2.7)

Taking

φ(x) =
(

x − xu

x0

)m

(2.8)

yields the CDF of the famous three parameter Weibull distribution

F (x) = 1 − exp
(
−
(

x − xu

x0

)m)
. (2.9)

where xu, m and x0 are the location parameter, shape parameter (Weibull modulus) and
scale parameter, respectively. xu corresponds to the load below which no failure will occur. If
xu is set zero, the two-parameter Weibull distribution is obtained.

The fracture characteristics of materials are generally studied by loading specimens me-
chanically up to fracture. Applying weakest link theory to a non-homogeneously loaded spec-
imen generally means that it needs to be discretized (partitioned into `volume elements'). It
is clear that the transposition of weakest link theory from a structure consisting of discrete
members (as the chain from our example) to a solid needs to obey some rules:

• Failure of one volume element induces failure of the entire structure.

• The size of these volume elements has to be chosen large enough in order to allow for the
presence of a critical �aw (`weak spot') in each element with non-negligible probability.3

• The volume elements have to be chosen small enough in order to minimize the stress
gradient in each element.

• The volume elements have to be independent one from the other, at least approximately.

The suggestion to apply weakest-link theory to continua (materials) seems to be due to
Weibull (1939). Further considerations on the statistical approach to brittle fracture have been
made, amongst others, by McClintock and Argon (1966); Freudenthal (1968); McClintock
(1973).

Ceramics generally fall fairly well into the category of materials that allow for weakest
link theory to be applied. Notably smooth specimens (weak stress gradients) can be treated
successfully. Weakest link statistics can well explain a `size e�ect' on fracture stress/toughness,

3If the physics of material failure is left apart, and point-size defects are assumed to initiate fracture, the
minimum size of volume elements can be freely chosen. However, consideration of the actual fracture mechanism
implies to assume some critical �aw size, and consequently the minimum size of the volume elements.
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as commonly observed in brittle materials. It is clear that the probability of �nding a weak
spot is larger in an important volume of matter. Thus large specimens fail at lower stresses
than small ones. A size e�ect is also observed in the case of brittle fracture of steel (e.g.
Iwadate et al. (1983)). It is partly explained by the loss of constraint for small specimens, but
also by the e�ect of the size of the sampling volume.

2.1.4 The Beremin Model

This model has become one of the most popular local approach models to cleavage fracture. Its
derivation can be found in Mudry (1982, 1987); Beremin (1983). It is based on the hypothesis
of a temperature-independent critical cleavage stress, and on weakest link theory. As already
stated in section 2.1.3, the structure of interest is devided into n sub-volumes V0. According
to the theories about cleavage fracture of steel (see section 2.1), microcracks (weak spots) are
considered to be �created as soon as plasticity begins, conversely no microcracks exist beyond
the plastic zone� (Mudry, 1987). Although this assumption seems quite well justi�ed for steel,
it is an important simpli�cation of the process of microcrack generation, which does not occur
instantaneously, but stochastically over a large interval of plastic deformation, as mentioned
above.

The following derivation leads to a Weibull law type expression for the probability of
fracture. The occurence of microcracks is assumed to follow a power law distribution, as e.g.
suggested by Jayatilaka and Trustrum (1977). The probability of �nding a microcrack of length
between l0 and l0 + dl0 follows as

P (l0) dl0 =
α

lβ0
dl0 (2.10)

where α > 0 and β > 1 are material constants. Using the Gri�th formula eq. 2.1, the
critical tensile stress σc and the length of a microcrack are related via

σc =

√
const

lc0
. (2.11)

After some computation, the probability of failure p in a volume V0 subjected to a stress
σ is found to be

p (σ) =
∫ ∞

lc0

P (l0) dl0 =
(

σ

σu

)m

(2.12)

where m = 2β − 2 and σu =
√

const · m

√
m
2α . In analogy to the derivation presented in

section 2.1.3, the cumulative probability of failure for the entire component is given by

PF = 1 −
n∏

i=1

[1 − p (σi)]. (2.13)

Again, p(σi) can be considered small, so that

ln (1 − PF ) =
n∑

i=1

ln[1 − p (σi)] '
n∑

i=1

−p (σi) . (2.14)

Assuming a homogeneous stress �eld yields
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ln (1 − PF ) = − V

V0

(
σ

σu

)m

(2.15)

which is a Weibull law type expression similar to eq. 2.9, but in two-parameter form.
The �nal general formulation, taking stress gradients into account, and employed in FEM
computation, is

PF = 1 − exp
(
−
(

σW

σu

)m)
(2.16)

with σW called the `Weibull stress'

σW = m

√∫
Vpl

(σ1)m
dV

V0
. (2.17)

The integral denotes the summation of σ1 over the entire plasti�ed volume Vpl (i.e. all ele-
ments that have undergone plastic deformation) of the structure, according to the assumption
about the generation of microcracks which has been presented at the beginning of this section.

Two parameters are required : m and V0σ
m
u . m is the Weibull exponent which describes

the scatter in the �aw distribution and σu is closely linked to the intrinsic cleavage stress.
More precisely, σu denominates the failure stress of a volume element V0 corresponding to a
failure probability of 63 %. As already pointed out in the preceding section on weakest link
statistics, the choice of V0 needs to obey some rules. On one hand, V0 has to be chosen large
enough in order to allow for the presence of a critical �aw. On the other hand, V0 needs to be
small enough in order to resolve strong stress gradients, as they occur ahead of a crack tip.
Else it cannot be assumed anymore that the stress in a volume element is constant, which is
a necessary condition for the derivation of equation 2.13). We thus �nd again the necessity to
introduce a `characteristic distance' (see RKR model), over which stresses need to be averaged.
In pratical application via FEM computation, two procedures for stress averaging exist:

• A `non-local' formulation of the model can be used. In that case, a very �ne �nite element
mesh (allowing for a good resolution of stress gradients) can be employed, and stresses
are averaged over several elements constituting a volume V0.

• In use of the discretization e�ect of the FEM method, the minimum mesh size and the
size of the unit cell V0 can be directly associated (at least in the direction where a strong
stress gradient exists).

The latter formulation is much simpler to employ and not necessarily less meaningful, since
the crystalline structure of the material should not be neglected anyway for a �nite element
size smaller the grain size. The simpler `local' procedure has also been proposed by Mudry
(1982, 1987); Beremin (1983). Mudry (1982); Beremin (1983) proposed V0 to be chosen as a
cubic volume containing several grains. For the material investigated, a A508 Cl.3 steel, V0 =
(50 µm)3, i.e. corresponding to approximately 8 grains.

Beremin applied the model to axisymmetric notched tensile bars of various notch radii,
and to four�point bend specimens. A good correlation was found for m = 22, and σu in
the order of 2500 MPa. By application of their model to the crack tip situation, the authors
established a (semi-analytical) link between the local parameters of the model and the `global'
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value of fracture toughness. This link can also be obtained numerically by computation of a
fracture mechanics (e.g. CT) specimen.

Mudry (1987) actually suggests a numerical �t of V0 by testing di�erent mesh designs in
order to get a good prediction of KIc. In that case no `a priori' assumption on the choice of V0 is
made anymore. The practical applicability of the Beremin model is currently also investigated
in the course of an ongoing numerical round robin (Brocks, 1995) in the framework of ESIS
(European Structural Integrity Society).

2.2 Ductile Fracture

2.2.1 Mechanism

Cleavage fracture in the transition regime can be preceded by ductile crack initiation. A correct
description of the stress �elds, as required by the local approach, needs to take this step into
account. This is why ductile crack initiation has been modelled in some of the analyses.
Generally, ductile fracture in steel includes the following stages:

1. Nucleation of voids at second phase particles by decohesion of the interface or by particle
cracking.

2. Growth of these voids under the in�uence of hydrostatic stress and plastic strain.

3. Coalescence of adjacent voids.

In steels, frequently two di�erent populations of second particles can be observed. Rela-
tively large particles, often composed of manganese sul�de and/or oxides, and small particles
(carbides). Whereas the �rst category is a rather undesired consequence of the production
process, the latter substantially increases the strength of the material.

The nucleation of voids occurs at large particles �rst. Both the cracking of large particles
and the interface decohesion can be well described as stress-controlled (critical interface stress
for debonding as proposed by Argon and Im (1975); Mudry (1982); Needleman (1987); Kwon
and Asaro (1990)). The interfacial strength of MnS inclusions is particularly low, resulting in
early decohesion during the loading process (Ono and Yamamoto, 1981; Clough and Wadley,
1982). Eventually, debonding occurs already prior to loading due to thermal contraction,
since the thermal expansion coe�cient of manganese sul�de is higher than that of the matrix
(Brooksbank and Andrews, 1968).

The decohesion of small particles (of a size smaller than, say, one micron) cannot be
properly modelled by a continuum mechanics approach, since dislocation motion needs to
be taken into account on this scale. However, a fairly well description of the nucleation of
cavities from small particles can be found assuming strain-controlled nucleation (Goods and
Brown, 1979; Kwon and Asaro, 1990). Nucleation of voids is of course a highly stochastic
process. Fisher and Gurland (1981) found that only 10 to 40 percent of the cementite particles
in the steels investigated contributed to the nucleation of voids. Chu and Needleman (1980)
suggested that the strain nucleation of voids follows a normal distribution (see next section).

A model for describing the growth of a spherical void in a ductile matrix was given by
Rice and Tracey (1969). The following formula is valid for high stress triaxiality (σh/σeq > 1)
and illustrates well the role of hydrostatic stress and plastic strain.
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ln
(

R

R0

)
= 0.283

∫ εeq

0
exp

(
3σh

2σ0

)
dεeq (2.18)

where

R (geometrical) mean void radius,
R0 initial void radius,
εeq equivalent plastic strain,
σh macroscopic hydrostatic stress,
σ0 current �ow stress of the (fully dense) matrix.

Huang (1991) showed that an approximation error had occured in derivation of equa-
tion 2.18, yielding a predicted void growth rate 50 % too low. The constant of 0.283 needs to
be replaced by 0.427.

The coalescence of adjacent voids constitutes the �nal stage in the failure process. The
cavities do not grow independently until they touch each other, since interaction between
the voids accelerates their growth and linking-up. Coalescence occurs by necking (plastic
instability) of the ligaments between the voids, or eventually by shear. The presence of a
second void population (nucleated from small particles) between the large voids (that were
nucleated �rst) largely accelerates the coalescence. Mudry (1982) proposed a critical void
growth ratio R/R0 (see equation 2.18) as a coalescence criterion. Thomason (1968, 1985,
1990) presented a model based on a plastic limit load analysis of the ligaments between the
voids.

2.2.2 The GTN model

A model describing the growth on a isolated cavity in a ductile matrix (as the above cited
Rice and Tracey (1969) model) could be used, together with an appropriate failure criterion,
in order to model ductile crack growth in steels, since the low void volume fraction present in
these materials induces only moderate void interaction (which is neglected). Crack advance
could be modelled in �nite element analysis by setting the stresses in an element that ful�lls
the failure criterion to zero via an appropriate procedure (i.e. `element vanish' technique), or
by a `node-release' technique. 4

Another possibility is the use of a `fully-coupled' void growth model incorporating the
softening e�ect due to void growth in the constitutive behaviour. A popular model of this
kind has been proposed by Gurson (1977). The approximate yield condition writes

Φ =
(

σeq

σ0

)2

+ 2q1f
∗ cosh

(
3
2

q2σh

σ0

)
−
(
1 + q3f

∗2) = 0 (2.19)

where

4The FEM code used in this study (HKS, 1997c) o�ers the possibility to remove elements only via the
restart of an analysis, which is impractical for modeling ongoing crack advance. `Node-release' is possible during
analysis as a function of three criteria: time, stress, or nodal displacement. Time and stress are inappropriate
criteria for describing ductile crack growth. The displacement of nodes behind a crack tip could be interpreted
as a CTOD or a CTOA value, both of which are actually criteria currently employed for characterizing ductile
crack growth. However, this is of course only meaningful in specimen geometries providing a (pre-)crack, and
not applicable to the CVN specimen.
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σeq macroscopic e�ective Mises stress,
σh macroscopic hydrostatic stress,
σ0 current �ow stress of the (fully dense) matrix,
f void volume fraction,

with q1 = q2 = 1 and f∗ = f . Note that setting f∗ = f = 0 reduces eq. 2.19 to the von
Mises yield condition. The parameters q1 and q2 were introduced by Tvergaard (1981, 1982)
on the basis of micromechanical studies. Actually q1 and q2 are found to be dependent on the
void volume fraction and the hardening behaviour of the matrix. For moderately hardening
steel, commonly a good �t can be achieved for q1 = 1.5 and q2 = 1, which corresponds to
de�ning an `e�ective' void volume fraction which is 50 % superior to its nominal value. Still,
in this form, the model is incapable to describe the rapid loss of stress carrying capacity by
void coalescence, since an appropriate criterion is missing. Tvergaard and Needleman (1984)
proposed the introduction of a bi-linear function

f∗ =

{
f for f ≤ fc

fc + δ(f − fc) for f > fc
(2.20)

with

δ =
1/q1 − fc

ff − fc
(2.21)

where

fc critical void volume fraction,
ff �nal void volume fraction.

Thus the modi�cation of the yield function due to accelerated void growth (begin of co-
alescence) starts when the void volume fraction reaches a critical value fc. The rate of void
growth ḟ is partly due to the growth of existing voids and partly due to the nucleation of new
voids

ḟ = ḟgrowth + ḟnucl. (2.22)

Growth of existing voids is given by the assumption of incompressible matrix behaviour as

ḟgrowth = (1 − f)ε̇pl
ijδij , (2.23)

where ε̇pl
ij is the plastic part of the macroscopic strain increment and δij the Kronecker

delta. Following the arguments of the above section on the mechanism of ductile fracture, large
voids (nucleated from large second phase particles, at low stresses) can often be considered
as pre-existing. Furthermore, Xia and Shih (1995) showed that results obtained using pre-
existing voids are practically indistinguishable from predictions considering stress-controlled
void nucleation, if both the fraction of void-nucleating particles and the nucleation stress are
low (e.g. values for manganese sul�des in steels). Then, only strain-induced nucleation of (a
second population of) small voids needs to be considered, e.g. as

ḟnucl = Aε̇pl
M (2.24)
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with ε̇pl
M the equivalent plastic strain increment in the matrix. A normal distribution of

void nucleation can be introduced

A =
fN

sN

√
2π

exp


−1

2

(
εpl
M − εN

sN

)2

 (2.25)

as suggested by Chu and Needleman (1980) and approved by Kwon and Asaro (1990).
Here, fN is the volume fraction of void nucleating particles, εN the mean strain for nucleation,
and sN the corresponding standard deviation.

The above sketched formulations constitute a frequently applied form of the so-called
`GTN' (Gurson-Tvergaard-Needleman) model. One advantage, in comparison to other models
(e.g. the Rousselier (1979, 1987) model), is its micro-mechanical basis, which�theoretically�
makes it possible to directly identify the parameters f0 (initial void volume fraction), fc, ff

as well as the void nucleation parameters fN , εN and sN by use of microscopy. However, the
model su�ers from several weaknesses. The above cited microstructural parameters turn out
not to be unique, i.e. several sets of parameters can be found that yield an identical response
(Zhang, 1996; Zhang and Hauge, 1998). So the seemingly `microstructural' parameters have
to be considered as quite phenomenological. Furthermore, the hardening of the matrix is
poorly described (Perrin, 1992; Beauvineau, 1996). Finally, the present model applies strictly
to isotropic material. An actual material often contains several populations of voids, as already
mentioned�a fact that is not properly treated. Additionnally, actual voids are not always of
spherical shape, and they are heterogeneously distributed (arranged in clusters). Benzerga
et al. (1998) proposed a modi�cation of the GTN model incorporating the void shape e�ect.
Their model actually predicts a strong e�ect of the void shape upon ductility. The in�uence of
heterogeneous distributions has been studied, amongst others, by Besson and Pineau (1997).
Nevertheless, the practical applicability of the GTN model is currently also investigated in
the course of an ongoing numerical round robin (Brocks, 1995) in the framework of ESIS
(European Structural Integrity Society), as is the case for the Beremin model.

2.3 The Ductile-to-Brittle Transition

Certain materials, e.g. ferritic steels, undergo a transition in fracture behaviour, from low
fracture toughness (low energy, cleavage micromechanism) to high fracture toughness (high
energy, ductile micromechanism), as a function of certain parameters (i.e. temperature, strain
rate). In between these two domains a transition in fracture mode occurs, where cleavage and
ductile fracture are in competition. Figure 2.2 sketches this behaviour, in comparison with the
evolution of the yield stress. In some materials, notably in polycrystals containing more than
one phase, as is the case for many ferritic steels (e.g. ferrite, pearlite, carbides, other second
phase inclusions, etc.) the transition region may extend over a large range of temperatures. In
that case, fracture generally initiates by a ductile micromechanism and continues by ductile
(stable) crack advance, until a cleavage fracture criterion is ful�lled (see section 2.1). The
scatter in the length of the ductile crack growth prior to cleavage corresponds to a large
scatter in fracture toughness.

Other materials, e.g. very pure Si single crystals, exhibit an extremly sharp transition
in fracture behaviour. These materials can also serve as an appropriate `model' material for
studying fracture on scales going from continuum mechanics down to the atomistic level. The
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Figure 2.2: Top: Sketch of the evolution of the yield strength with temperature in ferritic
steels. Bottom: Schematic representation of the ductile-to-brittle transition, characterized by
the steep increase in fracture toughness and a large scatter.
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analysis of Kelly et al. (1967), who compared the theoretical shear strength of crystal lattices
with the theoretical tensile strength, is based on pair-potential calculations. Rice and Thomson
(1974) studied the competition between the dislocation emission from a crack tip (blunting
reaction) and crack extension. Subsequently, the approaches have been re�ned to the true
atomistic and nonlinear consideration of dislocation emission (Rice, 1992). Other autors claim
that it is not spontaneous dislocation emission but rather dislocation motion that controls
the ductile-to-brittle transition (Nitzsche and Hsia, 1994). It may also well be the case that
the answer to this question is dependent on temperature (thermal activation of dislocation
glide), and of course on the material.

These attempts can be very useful and give valuable insight into the physics of failure
and of the transition behaviour. For instance, Hähner and Stamm (1995) studied how the
transition is in�uenced by irradiation ageing, dynamic strain ageing, cold working and impact
loading, with a model of dislocation densities. Roberts (1997) predicts an evolution of fracture
toughness with temperature, similar to the one given by the RKR model. However, common
structural materials have often a very heterogeneous microstructure, as already pointed out,
and several scales need to be considered.

Combining the already presented `local approach' models for cleavage and ductile fracture
on the continuum mechanics scale (sections 2.1 and 2.2) o�ers also the possibility for modeling
the ductile-to-brittle transition. For instance, modeling ductile crack initiation and growth with
the GTN model, and cleavage fracture with the Beremin model, also yields a description of
the ductile-to-brittle transition.

Under the hypothesis of weakest-link theory, ful�llment of a cleavage criterion in one
single point of the structure is su�cient in order to cause cleavage to occur not only locally
but to induce failure of the entire structure. At low temperature, stresses are high, and the
probability that a weak spot is highly stressed is high. Hence failure by cleavage fracture
occurs early during the loading process. At higher temperature, due to the lower stress level,
it is more unlikely that a weak spot is present. Thus ductile crack initiation will occur. If
the growing crack subsequently encounters a weak spot, cleavage will be initiated, but at a
higher level of fracture toughness as compared to `pure' cleavage fracture. At even higher
temperature, the level of stresses will not be su�cient anymore for cleavage initiation (upper
shelf of fracture toughness). If all parameters remain constant with temperature, notably the
cleavage fracture stress, solely the variation of the yield strength with temperature induces the
ductile-to-brittle-transition.

Recent attempts for combining the GTN and Beremin models in order to study the ductile-
to-brittle transition have been made by Xia and Shih (1996b); Ruggieri and Dodds, Jr. (1996);
Bernauer (1997); Xia and Cheng (1997). Only Bernauer (1997) confronts the computations
with an extensive experimental database. His �ndings are not very encouraging, since the
cleavage fracture parameters (Beremin model) are found to be dependent on the specimen
geometry and test temperature.





Chapter 3

Experimental Results

3.1 Material

The material studied is a low-alloy construction steel of French standard 16MND5 (similar
to A508 Cl.3). It is typically used for heavy section forgings of PWRs (pressurised water
reactors). The samples were taken at 3/4 thickness (from the inner wall) from a nozzle cut-out
of a pressure vessel. The chemical composition is given in table 3.1.

Table 3.1: Chemical composition (in weight percent).

C S P Mn Si Ni Cr Mo Cu Al
0.159 0.008 0.005 1.37 0.24 0.70 0.17 0.50 0.06 0.23

The heat treatment includes two austenitisations followed by water quench and temper-
ing, and a �nal stress relief treatment. The resulting bainitic microstructure 1 is of complex
appearence, which makes it di�cult to determine some `characteristic' microstructural length.
Notably it is di�cult to reveal the prior austenite grain boundaries. For this purpose, the
Bechet-Beaujard etchant (picric acid) was employed. A slight improvement of the etching ef-
fect was achieved by deliberately embrittling the material at a temperature of T = 520 ◦C
for some 100 hours (Bowen and Knott, 1984). Figure 3.1 shows the microstructure as seen
through an optical microscope. Nital etching was used for examining the microstructure by
SEM (scanning electron microscope). In the center of �gure 3.2, a prior austenite grain can be
depicted. Inside the grain, blocks can be distinguished, seperated by high-angle grain bound-
aries. An easier determination of a characteristic lengthscale is possible by evaluating the size
of the cleavage facets as proposed by Terasaki and Ohtani (1972); Matsuda et al. (1972);
Ohmori et al. (1974). Figure 3.3 taken from Ohmori et al. (1974) illustrates this de�nition of
the `e�ective' grain size. It is found to be in the order of 20 to 30 microns.

The aim of mechanical testing was twofold:

1The microstructure is mainly `upper' bainite, since the large thickness of the structure does not allow to
obtain a cooling velocity that is high enough in order to form `lower' bainite or martensite at 3/4 thickness. In
contrast to lower bainite, the carbon is present in upper bainite mainly in form of carbides. Carbide precipitation
and growth is of course ampli�ed by the heavy tempering procedure.

33
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20 µm

Figure 3.1: Microstructure of the material. Optical Photograph. Etched with picric acid in
order to reveal the prior austenite grains.

Figure 3.2: Microstructure of the material. SEM photograph. Nital etching.
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Figure 3.3: Sketch showing the `e�ective' grain size based on the size of cleavage facets (`unit
crack path'). After Ohmori et al. (1974).

• Fracture was studied on Charpy V-notch specimens, and on 1T (25 mm thick) CT
(compact tension) specimens. Additionally, results obtained by Renevey (1997) on NT
(notched tensile) specimens have been used.

• The parameters of the constitutive equations, necessary for FEM modeling of the fracture
tests, have been determined on smooth tensile and on compressive specimens. The high
strain rate occurring in Charpy testing made it necessary to investigate the strain rate-
sensitivity of the material. Thus the compressive tests were run at several strain-rate
regimes.

Charpy and CT specimens were machined in the T-S (transverse�short transverse) ori-
entation, tensile and compressive specimens in the T (transverse) orientation. 2 A fairly low
sulfur content of 80 ppm is present in the material (see table 3.1) in the form of second-
phase inclusions that are mainly composed of manganese sul�de. Elongated manganese sul�de
inclusions are expected to lie perpendicular to the loading direction.

A detailed inclusion analysis of the same material was carried out by Renevey (1997).
Image analysis on polished surfaces yielded a mean inclusion volume fraction of fv = 9.4 10−4,
compared to fv = 3.9 10−4 as given by the formula of Franklin (1969) for the inclusion volume
fraction of manganese sul�des that reads

fv = 0.054
(

%S − 0.001
%Mn

)
(3.1)

2According to new standards (AFNOR, 1995), the transverse�short transverse orientation is now denom-
inated `Y-Z' and the transverse orientation `Y'.
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S

T L

Figure 3.4: Orientation of elongated inclusions as seen on the fracture surface in relation to the
specimen orientation. One half of a broken CT specimen (left) and of a broken CVN specimen
(right) are shown, respectively. L = `rolling' orientation, T = transverse orientation, S = short
transverse orientation.

where %S and %Mn are the sulfur content and the manganese content, respectively, in
weight-percent. Considering oxides also,

fv = 0.054
(

%S − 0.001
%Mn

)
+ 0.05%0 (3.2)

yields fv = 5.7 10−4 with %0 the oxygen content in weight-percent. The mean dimension
of inclusions was determined by Renevey (1997) to be 10±2µm (slightly ellipsoidal). However,
fractographic observation indicated a stringer-like shape of the large inclusions (length in the
order of 100 µm). Figure 3.4 illustrates the orientation of the CT and CVN specimens, in
comparison to the inclusion orientation. Fractographic analysis is presented in section 3.4.

3.2 Mechanical Behaviour

3.2.1 Quasistatic Tensile Tests

Tests on smooth specimens were run by Renevey (1997) on a servohydraulic testing machine
at a nominal strain rate ε̇ = 4.10−4 s−1 at temperatures ranging from −150 ◦C up to room
temperature. Figure 3.5 shows the specimen geometry.

Cooling of the specimen and �xings was ascertained in a cooling chamber by gazeous
nitrogen. The same testing machine and cooling device was employed subsequently for the
tests on the notched tensile, Charpy (quasistatic) as well as CT specimens. The load, crosshead
displacement and specimen reduction of diameter were measured. The latter was obtained via
a clip gauge placed in the center of the specimen, and can only be exploited up to necking.
The �nal reduction of diameter at fracture was measured post-mortem. Load vs. elongation3

3deduced from the crosshead displacement by shifting the experimental curve to the left until the elongation
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Figure 3.5: Geometry of smooth tensile specimen.

and load vs. reduction of diameter curves are reported in section 4.2.

3.2.2 Compressive Tests

Compressive tests at a strain rate of approximately 1000 s−1 were conducted at CREA (Centre
de Recherche et d'Études d'Arcueil) on a Hopkinson bar device. Specimens of cylindric section
of relatively small size (4 mm height, 5 mm diameter) were employed, in order to minimize
friction and inertia e�ects. Plastic deformation induces heat generation. Rapid testing does
not allow for heat transfer to take place and can be regarded as `adiabatic'. In order to
obtain the material law under virtually `isothermal' conditions, only the plastic deformation
up to 5% was considered. Additional quasistatic (4.10−3 s−1) and intermediate strain rate
(1 s−1) compressive tests were carried out on a servohydraulic testing machine, at temperatures
between −150 ◦C and +100 ◦C.

3.2.3 Parameter Identi�cation of the Constitutive Equations

Table 3.2 summarizes the tests that have been conducted in order to establish the constitutive
equations. Two di�erent sets of constitutive equations were employed for modeling. The �rst
set is an elastic-viscoplastic material law considering dense material (von Mises plasticity), as
it is available as a `standard' material in the ABAQUS/Standard FEM code (HKS, 1997b,c).
Rate dependence of the �ow stress is assumed to follow a Cowper-Symonds (e.g. Bodner and
Symonds (1960); Perzyna (1963)) overstress formulation

σ̄ = σ0

(
1 +

(
ε̇eq

ε̇0

)1/p
)

(3.3)

where

σ̄ = σ̄(εpl, ε̇eq, T ) dynamic �ow stress,
σ0 = σ0(εpl, T ) static �ow stress,
ε̇eq equivalent plastic strain rate,
ε̇0 = ε̇0(T ) normalisation parameter,
p = p(T ) strain rate hardening parameter.

at the yield limit coincides with the computed value.
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Table 3.2: Number of specimens tested for establishing the constitutive behaviour of the ma-
terial (a.t. = ambiant temperature).

nominal tensile compressive compressive compressive
temperature tests tests tests tests

(◦C) ε̇ = 4.10−4 s−1 ε̇ = 4.10−3 s−1 ε̇ = 1 s−1 ε̇ = 1.103 s−1

-150 2 - - 3
-120 2 - - -
-90 2 3 3 3
-60 2 - - -
-30 2 - - 3
0 2 - - -

30 or a.t. 2 5 3 3
100 - 3 3 3

This formulation has been used for a preliminary study of the Charpy test, focussing on
`mechanical' aspects (section 4.5). The second formulation is similar, except that von Mises
plasticity is replaced by dilatant plasticity in terms of the GTN model (see section 2.2). This
formulation is not available in the standard material library of ABAQUS and was implemented
via a `user material' (`UMAT') interface (see section 4). The procedures for determining the
parameters of both material formulations are identical. The parameters were identi�ed nu-
merically by means of the SiDoLo (1993) software. Parameter identi�cation of the `additional'
parameters required by the GTN model is reported in section 4.

In tensile testing, a Lüders strain in the order of 1% was found. Since the development
of Lüders bands is considered to be a characteristic of tensile testing conditions, and not
an intrinsic characteristic of the material per se, an extrapolation of the strain-hardening
part of the stress-strain curve to zero plastic strain was carried out, in order to obtain the
`true' material response. The cut-o� of the upper yield point is numerically convenient and
is expected to have practically no e�ect once plasticity develops. Thus a new yield limit was
de�ned (see �gure 3.6).

In a �rst attempt, a linear extrapolation method was chosen, see �gure 3.7. However, a
power law formulation could be more appropriate. This procedure, which is based on dislo-
cation movement considerations, has already been documented in the literature, for instance,
amongst others, by Lindley and Smallman (1963); Van Rooyen (1968/69). Extrapolation to
strains larger than the uniform strain was carried out with a Hollomon-type formulation (equa-
tion 3.4), taking into account the last 5% of deformation preceding the onset of necking.

σ0 = Kεn
pl (3.4)

where

σ0 = σ0(εpl, T ) static �ow stress,
K=K(T) constant,
εpl plastic strain,
n=n(T) strain hardening parameter.
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Figure 3.6: Extrapolation technique used for rede�ning the yield limit. T = −60 ◦C.
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Figure 3.7: Formulation used for the material law `II'. Linear extrapolation towards the yield
stress, Hollomon-type formulation for a plastic deformation exceeding 2 %. An identical pro-
cedure was employed for the material law `I'. T = −90 ◦C.
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Table 3.3: Parameter set `II' for describing the static �ow stress (equations 3.4 and 3.5).
T0 = −90 ◦C.

T (◦C) K n β

-150 1040 0.16 0.0039
-120 1040 0.15 0.0027

−90 ≤ T ≤ +100 1040 0.14 0.00125
> 100 as in line above, with T = +100 ◦C.

Table 3.4: Parameters describing the viscosity of the material. (equation 3.3).

parameter set `I' parameter set `II'
T = −90 ◦C T = +30◦C T = +100◦C all temperatures

ε̇0 0.917 106 0.132 1011 0.241 1012 1. 108

p 5.6 10.5 11.8 12

For parameter set `I' the yield strength lies in the range between 732 MPa (−150 ◦C) and
447 MPa (+100 ◦C). The strain hardening exponent n is in the order of 0.15 over the range of
temperatures investigated. The similarity of parameters over the range of temperatures allowed
an almost uni�ed description, that was chosen for parameter set `II'. Here, a linear dependence
of the �ow stress with temperature was assumed, for the temperature range between −90 ◦C
and +100 ◦C. The formulation reads

σ0 = σref
0 [1 − β(T − T0)] (3.5)

where σref
0 is de�ned as above, for the reference temperature T0 = −90 ◦C, β = 0.00125,

K = 1040, and n = 0.14. The �ow stress is assumed to remain constant with temperature for
temperatures exceeding 100 ◦C. The steep increase of the �ow stress towards low temperature
demanded to slightly adapt the parameters as is summarized in table 3.3. Figure 3.8 shows
the temperature dependence of the �ow stress as determined for parameter set `II' at zero
strain rate. The curve set is very similar for parameter set `I', except that it is shifted to
higher values, which is an outcome of the di�erent strain rate sensitivity determined for the
two parameters sets.

For parameter `I', having determined the static �ow stress for di�erent temperatures,
the viscosity was found to show a marked dependence on temperature. Enforcing a uni�ed
description for the static �ow stress for parameter set `II', a weaker in�uence was found, which
allowed to take the same set of viscosity parameters over the whole range of temperatures.
Table 3.4 sums up the viscosity parameters, �gures 3.9 and 3.10 show the rate dependence of
the �ow stress, for T = −90 ◦C, for material laws `I' and `II' respectively.

Tahar (1998) conducted a similar study on the Charpy impact test as the work presented
here. For the same formulation of the material viscosity (equation 3.3), and for a similar
material, quasistatic and dynamic (ε̇ = 50 s−1) tensile tests yielded ε̇0 = 0.6665 107 and
p = 6.62. These values lie in between the values identi�ed here.

Numerical simulation of di�erent specimen types yields only a weak di�erence in the global
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Figure 3.8: Temperature dependence of the �ow stress as determined for parameter set `II' at
zero strain rate.

response for material parameter sets `I' and `II'. Chapter 4 and appendix A present the compar-
ison between experimental and computed global response curves. The di�culty in simulating
the CT specimen could be due to a bad description of the stress for very low strain rates. The
lack of experimental data in this domain leaves the question on the actual strain rate sensivity
of the material in the low strain rate domain unanswered.

3.3 Fracture Behaviour

3.3.1 Axisymmetric Notched Tensile Bars

Axisymmetric notched tensile bars `NT2-6' (6 mm net section, 1.2 mm notch root radius)
and `NT4-6' (6 mm net section, 2.4 mm notch root radius) were tested by Renevey (1997)
on a servohydraulic testing machine at a crosshead speed of 0.25 mm min−1. This is the
standard specimen type for applying the local approach to cleavage fracture (see chapter 5).
The specimen geometry is shown in �gure 3.11. The testing temperature was −150 ◦C for the
NT2-6 specimens, and −90 ◦C for the NT4-6 specimens. In the following, the `6' indicating
the net section of the specimens shall be omitted, i.e. `NT2' stands for the `NT2-6' specimen,
and `NT4' for the `NT4-6' specimen.

The load, crosshead displacement and specimen reduction of diameter were measured. The
latter can only be exploited up to necking. The �nal reduction of diameter at fracture was
measured post-mortem. Load vs. elongation (deduced from the crosshead displacement) and
load vs. reduction of diameter curves are reported in appendix A.3.
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Figure 3.9: Strain-rate dependence of the �ow stress as determined for parameter set `I' at
T = −90 ◦C. ε̇0 = 0.917 106, p = 5.6.
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Figure 3.10: Strain-rate dependence of the �ow stress as determined for parameter set `II' at
T = −90 ◦C. ε̇0 = 1. 108, p = 12.
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Figure 3.11: Geometry of notched tensile specimens NT2-6 and NT4-6. Also denominated
`NT2' and `NT4', repectively, for brevity.

3.3.2 Fracture Toughness Testing

1T (25 mm) CT specimens with a notch depth ratio a/W of 0.55 were tested on the same
testing machine and cooling device that was employed for the tests on the tensile, notched
tensile, and Charpy (quasistatic) specimens. A crosshead velocity of 0.5 mm min−1 was im-
posed. Figure 3.12 shows the specimen geometry and the main dimensions. The tests were run
in the temperature range between −150 ◦C and −60 ◦C. Additional data obtained by Renevey
(1997) at −30 ◦ C and 0 ◦ C were also available.

The validity requirements according to ASTM E 399 (ASTM, 1990) are meant to ascertain
an approximately linear load-displacement curve, in order to limit the size of the plastic zone
and allow for an evaluation in terms of linear-elastic fracture mechanics. The criteria are the
following:

0.45 ≤ a/W ≤ 0.55, (3.6)

B, a ≥ 2.5

(
KQ

σy

)2

, (3.7)

and

Pmax ≤ 1.1 PQ. (3.8)

In these formulas, a, B and W are de�ned in �gure 3.12, KQ is the stress intensity factor
at load PQ as de�ned in ASTM (1990), and Pmax is the maximum load. The �rst criterion
was always met. The second criterion (equation 3.7) is somewhat redundant to the third
(equation 3.8) and was not taken into account in the evaluation. However, when the specimen
response failed to ful�ll equation 3.8, an elastic-plastic evaluation in terms of the J-integral was
carried out, employing the `simpli�ed' approach according to AFNOR (1987). Subsequently,
JIc values were converted to KJc values following the plane-strain formula

K =
√

JE/(1 − ν2) (3.9)
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a
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B

Figure 3.12: Specimen geometry of the CT specimens. a = 27.5 mm, B = 25 mm, W = 50 mm.

where K denotes the stress intensity factor, J the J-integral, E Young's modulus and ν
Poisson's ratio. Load vs. loadline displacement curves of tests run at T = −90 ◦C are plotted
in �gure A.6 in appendix A.4. Results in terms of fracture toughness are given in �gure 3.13.

Three 25 mm CT specimens with a notch depth ratio a/W of 0.60 4 were tested for
studying the potential existence of stable cleavage cracking prior to �nal cleavage fracture. A
test temperature of −60 ◦C was chosen. It was intended to pre-load the specimens to a fairly
high load level (i.e. in order to assure the possibility of damage to occur), and then interrupt
the tests and carefully continue crack propagation in fatigue-loading, in order to mark the
eventual damage induced by pre-loading.

It was di�cult to evaluate the necessary pre-load, since no other fracture load data for this
specimen geometry were available, and only few results for a notch depth ratio of 0.55 and the
same temperature of −60 ◦C. The comparison of the limit loads of specimens of both notch
depth ratios was used in order to estimate the level for pre-loading that would correspond to a
given probability of fracture. Two specimens were loaded up to 40 kN and 44 kN respectively,
before the tests were interrupted. The third specimen failed prematurely at a load of 37 kN,
which proves that the load domain was well chosen. SEM analysis of the fracture surfaces is
presented in section 3.4.

3.3.3 Quasistatic Charpy Testing

Quasistatic testing of standard Charpy specimens (see �gure 3.14) was carried out on a hy-
draulic testing machine. Both striker and supports were machined according to Charpy testing
standards (AFNOR, 1990). A crosshead speed of 0.25 mm min−1 was imposed. Instrumenta-
tion also included a clip gauge to measure the notch opening, potential drop and temperature
recording devices. Temperatures between −150 ◦C and −30 ◦C were studied. Results are given

4This value was not chosen deliberately di�erent from the value of 0.55 used for the other tests. However,
these specimens were available.
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Figure 3.13: Fracture toughness values obtained on 1T (25 mm) CT specimens.

in �gure 3.15. A load vs. de�ection curve averaged from four tests run at T = −90 ◦C is
reported in �gure 4.16.

3.3.4 Impact Testing

Charpy tests on four di�erent standard instrumented impact pendulum devices of 350 J (`A'),
300 J (B' and`C') and 100 J (`D') capacity were carried out, at impact velocities between 5
and 5.5 ms−1 and temperatures ranging from −90 ◦C up to room temperature. The striker
displacement (machines `B' and `D' only) and the load were measured. However, the striker
displacement of machines `A' and `C' can still be obtained by double integration of the load
signal (ESIS, 1996a) with

v(t) = v0 − 1
m

∫ t

t0
P (t)dt (3.10)

and

s(t) =
∫ t

t0
v(t)dt (3.11)

where

v striker velocity,
v0 impact velocity,
s striker displacement,
m e�ective hammer mass,
P load,
t time,
t0 time at impact.
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Figure 3.14: Geometry of the standard Charpy V-notch specimen.
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Figure 3.15: Quasistatic Charpy test results. De�ection at failure as a function of temperature.
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Schematic load vs. de�ection records obtained on the three types of impact testers are
depicted in �gures 3.16, 3.17 and 3.18 for machines `C', `B' and `A' respectively. Machine `D'
yields a response similar to machine `B'. A few actual records of tests run on machines `B'
and `A' are reported in sections 4.5 and 4.6 respectively. The entire set of load vs. de�ection
records obtained on machine `A', which was used for the majority of the tests, is presented in
appendix A.5. The di�erence in shape between curves obtained on di�erent machines is quite
important and called for an investigation.

Machine `C' is instrumented according to recent recommendations (ESIS, 1996b) with
a cut-o� frequency of 1 MHz. Machine `B' uses a cut-o� frequency of 300 kHz, and `D'
100 kHz. The cut-o� frequency of `A' ist not documented. The pragmatic engineering approach
propagated by Server (1978b,a, 1985) made a low value desirable, since the smoothened signal
would allow for immediate deduction of characteristic load values (load at yield, maximum
load, load at fracture). However, the �ltering procedure not only dampens the amplitude of
oscillations but also induces a shift in the phase angle, which induces some ambiguity in
de�ning the time or displacement at fracture. Simulation of the �lter, which is reported in
section 4.6, helped to circumfere this di�culty.

A few specimens equipped with strain gauges were tested on machine `A', in order to study
the nature of the apparent oscillations on the load-displacement record. Section 4.5 brings a
discussion on this subject. The entire CVN transition curve is given in �gure 3.19, whereas
results in terms of de�ection at failure can be depicted from �gure 3.20, for three signi�cant
temperatures. Test results were rejected, if the appearence of the load curve gave rise to doubt
on the proper positioning of the specimen (see �gure 3.21).

Temperature control of specimens is practically impossible during testing, since thermocou-
ples cannot be left attached to a sample that is broken in two and accelerated to a velocity of
5 ms−1. Following the common procedure, the specimens were cooled in a mixture of petroleum
ether and liquid nitrogen to a temperature slighty below the desired test temperature, accord-
ing to `key curves' that show the temperature rise in a specimen with time. Knowing the time
of manipulation (taking the specimen out of the bath, positioning, impact), the appropriate
initial temperature could be de�ned for each test temperature. This procedure is of course
approximate. The fact that the specimen reheats much faster once it is in contact with the
anvil (much higher conductivity than air) has to be taken into account. A temperature gra-
dient may occur in the specimen. However, Nanstad et al. (1990) made measurements that
show that it is actually weak.

Inspite of the e�ort taken in minimizing the error in temperature control, it cannot be
entirely avoided to occur, and it is di�cult to evaluate its magnitude. Part of the scatter in
results could be an artefact due to poor temperature control. However, the rather smooth
ductile-to-brittle transition over a large temperature range indicates that an error in tem-
perature control of a few degrees centigrade has very little in�uence. Finally, the scatter of
test results is found practically identical for quasi-static test procedures that allow temper-
ature monitoring and control (notched tensile, quasistatic CVN and CT specimens), as e.g.
demonstrated in �gures 3.13 and 3.15 that show the results of quasistatic CT and CVN tests,
respectively, as a function of the `actual' test temperature. It can be concluded that the scatter
of results of dynamic CVN tests is almost entirely due to the material's properties and not an
artefact of the testing procedure.
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force

deflection

Figure 3.16: Schematic load vs. de�ection record obtained on machine `C'. Practically no
�ltering and low machine compliance yield a response that approaches a `rigid' machine.

force

deflection

Figure 3.17: Schematic load vs. de�ection record obtained on machine `B'. The relatively
long period of oscillations indicates a higher machine compliance than for machine `C'. Signal
additionnally slightly �ltered.

force

deflection

Figure 3.18: Schematic load vs. de�ection record obtained on machine `A'. Strong �ltering
smoothens the inertial oscillations out.
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Figure 3.19: Charpy impact energy as a function of temperature. The results of tests of this
study are shown, together with those obtained by Renevey (1997).
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Figure 3.20: Dynamic Charpy test results. De�ection at failure as a function of temperature.
Here only the results obtained at the three temperatures where a large number of tests were
run are shown. Note the scatter of results.
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force

deflection

Figure 3.21: Schematic load vs. de�ection record of a test that is considered not valid. The
appearence of a second inertial peak with following strong load drop is assumed to be due to
bad positioning of the specimen, that was not in contact with the anvil prior to loading.

3.3.5 Low Blow Tests

Low energy impact tests have been undertaken on machines `A', `B' and `D' (100 J capacity)
in order to determine the machine compliance. The procedure proposed by Ireland (1973) has
been followed. The machine compliance is given by

CM = C − Cs (3.12)

where

C = m

(
τ

2π

)2

(3.13)

and

CM machine compliance
C total compliance
Cs specimen compliance
m e�ective hammer mass
τ period of an oscillation

As a specimen, an unnotched steel bar of Charpy specimen dimensions has been employed.
A schematic response to a low blow test is given in �gure 3.22. The compliance values deter-
mined by low blow test are reported in table 4.2 in section 4.5, in comparison with computed
values. Section 4.5 brings a full discussion on the question of `true' machine compliance.

3.4 Fractographic Study of the Cleavage Initiation Sites

3.4.1 General Characterization of the Fracture Surfaces

A series of 0.5T (12.5 mm) CT specimens that had been tested previously (Renevey, 1997) at
temperatures between −150 ◦C and 0 ◦C was used for a �rst fractographic study, together with
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Figure 3.22: Schematic response to a low blow test. The test duration corresponds to half a
period of oscillation (i.e. τ/2).

the tests already reported in section 3.3. Actually, some of these tests were not valid, since the
fatigue crack front was very irregular. However, fractographic �ndings should not be in�uenced
in general. Typically, the fracture surface of specimens tested at low temperature and showing
low fracture toughness is very �at (�gure 3.23). On the other hand, specimens tested at higher
temperature that had yielded high toughness values show a very rough fracture surface and
marked steps (�gure 3.24). These steps are actually a result of crack propagation on di�erent
parallel planes, that may lie apart some millimeters (dependent on the size of the specimen).

This marked di�erence seems to indicate a large in�uence of plastic pre-straining on cleav-
age crack propagation. At low temperature, once the crack initiated, it seems to easily run
across the specimen. At higher temperature, crack propagation seems more di�cult, causing
the crack to deviate in order to �nd favorably oriented crystal planes and, generally speak-
ing, the `weakest obstacles' possible. This qualitative relation between surface roughness and
fracture toughness is well known. Propositions exist for quantifying the surface roughness, in
order to deduce the fracture toughness (Williford, 1989).

Especially in some of the 25 mm CT specimens that failed with high fracture toughness
but without ductile crack initiation, the crack deviated from the center plane with an angle
of approximately 40 degrees (see �gure 3.25). Again it seems that plastic strain plays an
important role, since the maximum of plastic strain occurs in this area (according to slip lines
or FEM analysis). Only one of the two crack branches propagates all the way through the
ligament, whereas the other is arrested after a few millimeters of propagation.

The important di�erence in the macroscopic view of fracture surfaces raised the question,
whether a similar di�erence would be found on a microscopic level. However, comparison
of the 12.5 mm CT specimens yielded only very little di�erence in the microscopic aspect.
Small ductile bands that are eventually present between cleavage facets may be slightly more
frequent and larger at higher temperature. However, no di�erence was found concerning the
appearance of the cleavage facets.

A 12.5 mm CT specimen (tested at −150 ◦C) was used in order to study the eventual
existence of `stable' cleavage microcracks. To this end, the specimen was cut perpendicular
to the fracture surface (in direction of the crack propagation) approximately in the center
plane. Then the sample was embedded in resin and polished. Along the broken ligament, in
a distance of up to 200 µm from the crack plane, twelve arrested cracks were found. They
are distributed homogeneously along the ligament, up to some 50 µm long, and not always
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Figure 3.23: Typical fractography of low energy cleavage fracture. KIc = 53 MPa
√

m (not
valid). T = −150 ◦C. The fracture surface appearence is very �at.

Figure 3.24: Typical fractography of high energy cleavage fracture (here preceded by ductile
crack initiation). KJc = 331 MPa

√
m (not valid). T = −30 ◦C. The fracture surface is very

rough and shows macroscopic steps.
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cleavage crack path

Figure 3.25: Crack branching and deviation observed in some of the CT specimens.

parallel to the main crack. Figure 3.26 shows an arrested microcrack.
After etching the specimen, the position of the cracks in respect to the microstructure

was attempted to be evaluated. However, the complicated microstructure did not allow a clear
identi�cation of characteristic features, as e.g. the grain size. As already mentioned previously,
the grain size of bainitic steels can be easier de�ned by using the concept of the `e�ective'
grain size (�gure 3.3). Taking 20 to 30 µm as the average e�ective grain size, some of the
arrested microcracks were twice as long.

Figure 3.27 shows the fracture surface of a CVN specimen tested at T = −30 ◦C. Several
observations can be made, that are typical for specimens tested in the transition region. First,
the lateral contraction of the specimen is important. Secondly, the shape of the ductile crack
zone is very irregular. The material is not capable of sustaining the important strain occurring
in the notch root area, so numerous secondary ductile cracks are formed. Important shear lips
can also be depicted. Finally, the macroscopic pattern of ridges forming a sort of `fan' on the
cleavage fracture surface indicates the presence of the cleavage initiation site. The cleavage
initiation sites have been systematically studied. as is reported in the following section.

Renevey (1997) studied the cleavage initiation sites in the notched tensile specimens tested
at −150 ◦C and −90 ◦C. In most cases, a single initiation site could be identi�ed. According
to the microstructural features present, the sites were classi�ed as follows:

• cluster of manganese inclusions,

• cluster of manganese inclusions and ductile damage,

• other: alumina or TiC inclusions, or no microstructural feature identi�ed.

The three categories were present in specimens tested at the lower temperature (T = −150 ◦C),
whereas only the second category was found in specimens tested at higher temperature (T =
−90 ◦C). No link between the category and the local mechanical variables (stress, plastic
strain) could be established. However, the average size of the sites increases with temperature.
For the tests run on NT2 specimens at T = −150 ◦C, the average area was measured to be
0.017 mm2, whereas it was 0.313 mm2 for the NT4 specimens tested at T = −90 ◦C.
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20 µm

Figure 3.26: Arrested microcrack situated close to the fracture surface. The dark area at the
bottom of the picture is the resin that was used for embedding the specimen. Nital etch.

Table 3.5: Number of specimens examined in fractographic analysis.

Temperature −90 ◦C −60 ◦C −30 ◦C
CVN 29 27 28
CT 25 9 4

A similar study was conducted on the CVN and CT specimens. The major part of this
fractographic work has been carried out by Ms. Mari Mäntylä. Important contributions have
also been made by Prof. Ivan Nedbal and his co-workers. In the following, a detailed description
of the method and the most important results are presented. Additional informations and
results can be found in Mäntylä (1997); Nedbal et al. (1997); Mäntylä et al. (1999).

3.4.2 Methodology

All the fracture surfaces were examined with a Philips XL30 scanning electron microscope.
An EDAX DX-4 (energy dispersive X-ray analysis) device was employed for analysing the
chemical composition of inclusions. The number of specimens examined at each temperature
is presented in Table 3.5.

The scanning electron microscope was used to measure the coordinates of the cleavage
initiation sites on the fracture surface, and to identify some distinct fractographic and/or mi-
crostructural features suspected to have triggered, or at least promoted, cleavage. First, the
macroscopic area where cleavage had initiated was located macroscopically, using a similar
method as employed by Rosen�eld et al. (1983); Miglin et al. (1990); Brückner-Foit et al.
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Figure 3.27: SEM photograph of a CVN specimen tested at T = −30 ◦C. High impact energy
fracture (91 J).
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(1990); Gibson et al. (1991); Heerens et al. (1991), i.e. tracing back the radial pattern em-
anating from the crack initiation region (see top of �gure 3.28). Then higher magni�cations
were used to follow the fan of ridges, leading to the microscopic cleavage initiation site (see
bottom of �gure 3.28).

However, it shall be emphasized that this fractographic work is of considerable di�culty,
especially in the case of specimens fractured at low temperature (with a low toughness value)
that exhibit a very �at fracture surface and only rarely macroscopic cleavage fans. In that
case, frequently multiple cleavage initiation sites were found. We address as `principal' site the
location that seems to have triggered global failure of the specimen.

It can be speculated whether `secondary' sites were activated prior to the principal site,
and induced cracks that were arrested prior to macroscopic failure of the specimen, or as sites
that were triggered by the advance of the main crack, thus after the activation of the main
site. The latter interpretation seems more plausible. The principal sites were identi�ed by a
method similar to the one described by Miglin et al. (1990), i.e. considering the importance
of pronounced ridge fans.

The fractographic identi�cation of the cleavage initiation sites was followed by their local-
ization on the fracture surface. The principle of the coordinate measurement was the same for
both types of specimen. Figure 3.29 depicts the nomenclature employed for Charpy specimens.
Coordinate x is the distance from the edge of the specimen to the cleavage initiation site. Co-
ordinate y1 is the distance from the notch to the initiation site, and coordinate y2 the distance
from the ductile crack front to the site. The x-coordinate is measured in a similar manner in
CT specimens, but y-coordinates were de�ned slightly di�erently: since CT specimens contain
a fatigue pre-crack and showed no ductile crack growth, a y3-coordinate was introduced. It
represents the distance from the fatigue pre-crack to the cleavage initiation site.

3.4.3 Results

For both Charpy and CT specimens, the number of cleavage initiation sites decreased with
increasing temperature. An average number of 1.07 sites per CVN specimen were identi�ed
at the highest temperature investigated (T = −30 ◦C), and an average of 2.5 at the lowest
temperature (T = −90 ◦C). Sites were found to be more numerous in CT specimens, which
seems also due to the larger specimen width. The results presented in the following concern
only the principal sites.

Types of Cleavage Initiation Sites

Di�erent types of cleavage initiation sites could be distinguished. However, the principal cat-
egories were the same for both specimen geometries. According to their di�erent morphology,
they were classi�ed as follows:

• Small, approximately spherical inclusion (diameter approximately 2�3 µm), often com-
posed of MnS and/or oxide, or TiC (see �gure 3.30),

• large, elongated inclusion mainly composed of MnS, in form of a stringer (length in the
order of 100 µm), or cluster of large inclusions (see �gure 3.28),

• any other particular feature that was encountered in the cleavage initiation area, and
that possibly played a role in cleavage initiation: grain boundary, cluster of large cleavage
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Figure 3.28: Principle used for tracing back the cleavage initiation site. Top: Low magni�-
cation showing tear ridges starting from the center area in the photograph. Bottom: High
magni�cation showing a cluster of MnS inclusions that has apparently promoted cleavage
initiation.
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Figure 3.29: Principle of the coordinate measurement in Charpy specimens.

facets (indicating abnormally large grains), ductile/cleavage interface (identi�ed only in
Charpy specimens), carbide inside a grain (identi�ed only in CT specimens), stretch zone
(only in CT specimens). However, these features could not be associated with cleavage
initiation with certainty.

The most frequently detected initiation sites were small spherical or large elongated inclu-
sions (manganese sul�des). The category of small inclusions includes also small MnS inclusions,
since the classi�cation is based on the size and the shape of the inclusion. When a large MnS
inclusion or a cluster of MnS inclusions had initiated cleavage, the fan of ridges could usually
be traced back to several locations around the inclusion or the cluster. In the case of parallel
occurrence of both large MnS particles and another feature (e.g. small inclusion) in its vicin-
ity, the site was classi�ed as `large inclusion', although the actual triggering point might have
been the smaller feature. This `overrunning' of any other feature by large inclusions seems
justi�ed, as these large heterogeneities increase the stresses in their vicinity, and may activate
sites that would not be potent enough to act alone. This in�uence of large elongated inclusions
on cleavage initiation has already been suggested by Baker et al. (1986). Figure 3.28 gives an
example where cleavage has initiated next to a large cluster of MnS stringers. This is why the
initiation site is classi�ed as `large inclusion', even though the actual initiation site might have
been another feature, e.g. a small inclusion or a grain boundary.

The orientation of elongated inclusions, due to the forging process, has already been de-
picted in �gure 3.4 in section 3.1. It is well known that the interfacial strength of MnS inclusions
is rather low, resulting in early debonding during the loading process (Ono and Yamamoto,
1981; Clough and Wadley, 1982). Eventually, debonding already occurs prior to loading due
to thermal contraction, since the thermal expansion coe�cient of sul�de manganese is higher
than that of the matrix (Brooksbank and Andrews, 1968). For the specimen orientation exam-
ined (T-S), the occurrence of a cluster of MnS stringers will thus result in a plate-like defect,
which has also been observed in notched tensile specimens examined by Renevey (1997), who
studied the same material. The same e�ect is diagnosed in the S-T orientation (Bowen and
Knott, 1985). It is evident that such a defect will promote brittle failure.
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Figure 3.30: Cavity in the center of a cleavage facet. The small inclusion appearing to have
initiated cleavage fracture of the specimen has debonded.

Figure 3.31: Suspected cleavage initiation site characterized by the presence of abnormally
large cleavage facets.
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Table 3.6: E�ect of temperature on the type of cleavage initiation site in Charpy specimens
(principal sites only). Number of occurrences per type.

Type of cleavage initiation site T = −90 ◦C T = −60 ◦C T = −30 ◦C
small spherical inclusion 9 (31 %) 9 (33 %) 0
large elongated inclusion (MnS) 14 (48 %) 17 (63 %) 27 (96 %)
other 6 (21 %) 1 (4 %) 1 (4 %)

Temperature has a pronounced e�ect on the type of active cleavage initiation site (see the
results for Charpy specimens in table 3.6). At T = −90 ◦C small and large inclusions were
found equally responsible for cleavage initiation. At higher temperatures, the contribution of
large inclusions (MnS) increased. At T = −30 ◦C the small inclusions alone were not able to
initiate cleavage. At this temperature, in almost all cases cleavage fracture was initiated due
to the presence of the large MnS inclusions. No correlation could be found between the type
of initiation site and the absorbed energy in Charpy specimens, or the fracture toughness in
CT specimens, respectively (Mäntylä, 1997; Mäntylä et al., 1999).

Coordinates of the Cleavage Initiation Sites.

Temperature a�ects also the coordinates of the cleavage initiation sites. Figure 3.32 shows the
in�uence of temperature on the x-coordinates (i.e. the distance between the edge and the site)
of the principal sites in Charpy specimens. At T = −90 ◦C the sites are located homogeneously
along the specimen width (except close to the surface). At higher temperatures, the sites
tend to situate more and more in the centre. The same behaviour is also detected in CT
specimens. This means that constraint plays a more important role on cleavage initiation
at higher temperatures. Coordinates x and y are not correlated. No correlation can also be
found between the x-coordinate and the absorbed energy (Charpy specimens) or the fracture
toughness (CT specimens).

In Charpy specimens tested at temperatures T = −90 ◦C and T = −60 ◦C no correlation
is found between coordinate y1 (i.e. the distance from the notch root to the site) and the
absorbed energy (Mäntylä, 1997; Mäntylä et al., 1999). At T = −30 ◦C the absorbed energy
increased with coordinate y1, as to be seen in �gure 3.33. This is due to the important amount
of ductile tearing preceding cleavage fracture observed at this temperature. Obviously ductile
crack advance consumes signi�cantly more energy than cleavage, so that a strong correlation
can be found between the size of the ductile crack initiation zone and the CVN value (Nedbal
et al., 1997). This is analogous to the behaviour commonly observed in fracture toughness
testing, where increasing ductile crack advance gives rise to an increasing resistance to fracture
(in terms of the J − ∆a fracture resistance curve).

The distance between the ductile crack tip and the site (coordinate y2) remains constant at
all temperatures tested. In CT specimens the lower bound value of fracture toughness increased
as the distance from the fatigue pre-crack to the principal site increased (�gure 3.34). This is
in contrast to the RKR model, that proposes a constant distance between the crack tip and
the fracture initiation site. The same behaviour is observed at temperatures T = −60 ◦C and
T = −30 ◦C, even though the number of observations was smaller.

FEM analyses presented in the next chapter show the computed stress distributions in the
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Figure 3.34: Correlation between the distance from the fatigue pre-crack to the principal site,
y3, and fracture toughness, KIc, in CT specimens at T = −90 ◦C.

specimens' ligaments. Compare �gure 3.33 with �gure 4.35, and �gure 3.34 with �gures 4.10
and 4.11.

Lateral location (x-coordinate) of the cleavage initiation sites depends on their nature. It
is found that small inclusions can initiate cleavage fracture only in the centre of the specimen
where stresses and constraint are higher. For other types of cleavage initiation sites there was
no correlation between the type of initiation site and its x-coordinate. No correlation could
be established between the type of initiation site and coordinates y1, y2 and y3.

Finally, an important di�erence of the fracture surface morphologies between CT and CVN
specimens shall be underlined. As to be seen from table 1.1, the Marandet and Sanz (1976)
procedure for the conversion of CVN to KIc values is based on an `equivalence' between a
Charpy impact energy of 28 J, and a fracture toughness of 100 MPa

√
m. However, no ductile

crack initiation occurs in the CT specimen, up to even higher fracture toughness values (200�
250 MPa

√
m), whereas the amount of ductile crack advance in CVN specimens equals an

average (across the specimen thickness) of 0.2 mm, at 28 J. This di�erence in microscopic
fracture behaviour needs to be kept in mind. Ductile crack growth needs be be accounted for
in modeling.

Interrupted CT Tests

As noted in section 3.3.2, three CT specimens were intended to be examined for cleavage
damage after pre-loading to a high load level. The test temperature was −60 ◦C. As already
noted, one specimen failed at a load of 37 kN before the aimed pre-load was attained. The
other two specimens were carefully studied in SEM. One of the specimens did not show any
damage except for the formation of a stretch zone, and fatigue damage induced after pre-
loading. On the fracture surface of the other specimen, however, a cluster of cleavage facets
can be depicted, immediately behind the stretch zone (�gure 3.35). Again behind, a cluster
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blunted crack tip

cleavage facets

cluster of MnS stringers

Figure 3.35: Fractography of pre-loaded specimen. Ppre = 40 kN. On the bottom, the crack
tip blunting zone can be depicted (crack growth from bottom to top of the �gure). In the
center, cleavage facets. On top, a cluster of MnS sul�des, that apparently favoured cleavage
initiation, and subsequently prevented cleavage crack extension by `trapping' the crack.

of manganese sul�des can be seen. It can only be speculated about the exact order of events.
However the following scenario seems plausible. During loading, debonding of the inclusions
occurred. The strong stress concentration in the area between the stretch zone and the crack-
like void formed by inclusion debonding induced cleavage initiation on a few grains. This
cleavage crack being `trapped' between the stretch zone and the void could not propagate
further and was arrested.

Since the number of specimens tested in pre-loading was too small to conduct a systematic
study, these �ndings cannot be generalized. However, they are in agreement with the results
alredy presented. Again it was found that manganese sul�des promote cleavage initiation.
On the other hand, the existence of `stable' cleavage microcracks (prior to macroscopic crack
initiation) could not be shown, except for the above cited special con�guration of a crack that
is `trapped'. However, recall that stable microcracks were found parallel to the crack path
(crack propagation), as shown in �gure 3.26.

3.4.4 Discussion

Inclusion induced cleavage fracture.

As pointed out in chapter 2.1, cleavage in steel is commonly considered to be initiated by
dislocation pile-up or by carbide cracking. 5 Only little evidence has been found of the possible
role on cleavage fracture of larger non-metallic inclusions, e.g. manganese sul�des, whereas

5apart from twinning induced cleavage, which is not considered here.
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their role in ductile fracture is well documented. Tweed and Knott (1983, 1987) seem to be the
�rst authors to report MnS inclusion induced cleavage, in a C-Mn weld metal. Subsequently,
further con�rmation of possible inclusion-induced cleavage fracture has been found, again for
C-Mn weld metal (McRobie and Knott, 1985), for bainitic A508 or A533 pressure vessel steel
(Rosen�eld et al., 1983; Bowen and Knott, 1984, 1985; Miglin et al., 1990; Brückner-Foit et al.,
1990; Gibson et al., 1991; Heerens et al., 1991), and for a resulphurized mild steel (Baker et al.,
1986).

Several reasons can be evoked in order to explain the relative scarcity of observations of
inclusion-induced, or `encouraged', cleavage initiation.

• This mechanism is of course dependent on the presence of inclusions, on their number,
size and shape, and on the specimen orientation.

• Frequently in literature fracture has been studied for a longitudinal specimen orientation,
which means that elongated inclusions cannot induce a large crack-like void. In some
sources the specimen orientation is not documented.

• Finally, cleavage has often been studied at very low testing temperature only (T =
−196 ◦C). However, our study shows clearly the increasing importance of an inclusion-
induced cleavage mechanism towards higher temperature.

Debonding of manganese inclusions has been found to provoke strong AE (acoustic emis-
sion) signals. Ono and Yamamoto (1981) tested a A533B steel that had a very anisotropic
acoustic emission behaviour, although the tensile behaviour prior to fracture was fairly
isotropic. The extremeley strong acoustic emission occurring when testing in short transverse
direction was identi�ed to be resulting from decohesion of manganese sul�de plates. Ono and
Yamamoto (1981) established a direct correspondence between the sulfure content (number of
inclusion) and the number of acoustic emission events. The authors found that the amplitude
distribution analysis of the AE events could be described by a Weibull function, which was
correlated to the size distribution of inclusions.

It is clear that only rapid events can produce acoustic emission. Acoustic emission is noth-
ing but elastic waves, generated by a sudden local rearrangement of the internal stress �eld.
Scruby et al. (1981) studied the conditions for events to be detectable by AE, and predicted
microcrack velocities in the order of hundreds of meters per second. Inclusion debonding is
thus a fairly `violent', dynamic event, comparable to cleavage crack growth, in contrast to
ductile fracture that generates almost no detectable acoustic emission (Wadley et al., 1979).
It is thus probable that decohesion (of small inclusions) can directly initiate a cleavage crack,
similar to cleavage induced by carbide cracking. The e�ect of a small inclusion directly acting
as a crack nucleus has been shown in �gure 3.30. Large inclusions debond earlier in the loading
history (lower interfacial stress). They probably act indirectly as cleavage initiators, by raising
stresses in their vicinity. This seems especially important for the NT4 specimens tested at
T = −90 ◦C, where clusters of manganese inclusions gave rise to stable ductile crack growth
up to an average equivalent surface of 0.313 mm2 (Renevey, 1997), which can already been
regarded as a `macroscopic' crack size.

Validity of the assumptions of the Beremin model.

The weakest link hypothesis seems to hold. No pop-in indicating stable microcracking has
been observed on the load-displacement curves, which could indicate interaction of several
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`weak links'. Especially at higher temperature, where practically only single initiation sites
were found, the weakest link hypothesis seems well established. The picture is more compli-
cated at lower temperature. As already pointed out, the �at fracture surface appearance makes
the fractographic investigation more di�cult. Furthermore, the nature of the cleavage initi-
ation sites seems more variable, and involves a number of di�erent microstructural features.
Finally, in numerous specimens several locations of local cleavage initiation were found, and
the de�nition of the `principal' site is an assumption.

The di�culty in identifying a characteristic microstructural feature that can be associated
with cleavage initiation has motivated some authors to de�ne this kind of cleavage initiation
sites as `critical damage sites' (Landes, 1993), or at least to suggest them not to be `weakest
link sites' (Heerens et al., 1993). Landes (1993) actually proposes a two criteria statistical
model, including both `critical damage sites' and `weakest link sites'. Although the possibility
of a `non-weakest-link' mechanism cannot be ruled out, its existence is not proven either. 6

It seems more plausible to attribute to the cleavage initiation sites both elements of a
critical damage mechanism and a weakest link mechanism. The heterogeneous microstructure
provides locations that are potential weak spots. Increasing load (stress, plastic strain) exerted
upon these locations may induce some `critical damage' (carbide cracking, inclusion debond-
ing, ductile or cleavage crack growth), and induce unstable failure of this `weak link', which
will spread over the entire specimen according to `weakest link theory'. Mudry (1982, 1987);
Beremin (1983) took account of this critical damage stage by applying their model only over
the plastic zone of the specimen (equations 2.16 and 2.17), which is of course the most general
formulation of some critical damage.

In chapter 5 the local stress and strain values will be computed at the experimentally
determined cleavage initiation sites. They will be used in order to check in how far the ex-
perimentally identi�ed failure locations lie within the plastic zone, and follow a critical stress
concept. An important �nding of this study is that the nature of cleavage initiation sites
changes with temperature. Whereas the entire set of weak spots may act at low temperature,
only the tail of the distribution containing the large inclusions is active at higher temperature.
The population of possible sites is thus reduced at higher temperature. This also means that,
statistically, a larger volume of material has to be sampled by the advancing high stress zone
in front of the crack, in order to encounter a weak spot capable of triggering cleavage. Ductile
crack advance prior to cleavage is thus more important at a higher temperature.

The large size of cleavage initiation sites in form of clusters of manganese sul�des means
that the size of independent volume elements, which need to be de�ned for the Beremin
model, needs also to be large. However, the stress acting on a large volume element cannot be
regarded as constant in the presence of large stress gradients, which means that equation 2.13
does not hold anymore. Thus the application of the Beremin model can be anticipated to be
problematic at higher temperature (cleavage induced by clusters of manganese sul�des), at
least for specimen geometries that produce high stress gradients (CVN and CT specimen).

6A more profound analysis of cleavage fracture could be undertaken for better understanding of cleavage
fracture initiation and propagation. For instance, the topography of fracture surfaces can be analyzed and
reconstructed with stereoimage pairs taken with SEM, which may help to reconstruct the stages during the
fracture process. EBSD (electron back-scatter di�raction) can yield information on crystallographic orientations
and local strains. See Semprimoschnig et al. (1997) and the references therein.
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3.5 Summary

The material investigated is a A508 low-alloy structural steel. A large experimental
study yielded an important data base on the mechanical and fracture behaviour
of the material. The temperature domain chosen corresponds to the lower shelf of
fracture toughness, and the onset of the ductile-to-brittle transition. Quasistatic
tensile as well as compressive tests at several strain rates permitted to establish the
constitutive behaviour of the material in a rate-dependent formulation. Cleavage
fracture was studied on Charpy V-notch and 1T (25 mm) CT (compact tension)
specimens. Additionally, results obtained by Renevey (1997) on NT (notched ten-
sile) specimens have been used.

A large fractographic study of cleavage initiation was conducted, with two main
objectives: On one hand, determine the location of cleavage initiation. Compar-
ison with numerically computed local stress and strain �elds will be presented
in chapter 5. Secondly, identify some distinct microscopical feature that may be
responsible for cleavage initiation. Potential sites were identi�ed by following the
radial step pattern which is emanating from them.

Cleavage initiation was found to be promoted by the same microstructural fea-
tures for both CVN and CT specimens. However, the types of cleavage initiation
sites that were encountered di�er over the range of temperature investigated. At
low temperatures, small spherical and large elongated inclusions were equally im-
portant for cleavage initiation. As the temperature increases, the role of the large
MnS inclusions also increases, and at T = −30 ◦C the small inclusions are not able
to initiate cleavage. This means that at higher temperature only the tail of the
distribution of potential weak spots remains operative. In 80% of the specimens
tested, over the temperature range investigated, manganese sul�des play a major
role in cleavage initiation.

The role of manganese sul�des on cleavage initiation is clearly a strong function
of the specimen orientation. For the T-S orientation investigated, elongated in-
clusions are loaded perpendicular to their longest axis. Thus inclusion debonding
induces a crack-like defect, susceptible for inducing cleavage fracture. The weakest
link hypothesis made in the Beremin model for cleavage fracture seems rather con-
�rmed. At higher temperature, in most specimens only one cleavage initiation site
could be identi�ed. At lower temperature, several sites were present. However, the
relative importance of the step pattern emanating from the sites allowed to iden-
tify the principal site. The important spatial extension of cleavage initiation sites
in the form of clusters of manganese sul�des is expected to contravene with the
de�nition of independent volume elements, which are necessary in the application
of the Beremin model.



Chapter 4

Numerical Modeling: Mechanical

Behaviour

4.1 Method of Analysis

Subsequent versions from 5.4 up to 5.7 of the ABAQUS/Standard general purpose �nite
element analysis program have been used in the course of this work. One of the advantages of
this program is that it allows also for dynamic transient (implicit time integration) as well as
modal analysis, which are capabilities employed for Charpy modeling (section 4.5). For details
on the numerical solution procedures, refer to the Abaqus manuals (HKS, 1997b,c).

The application of fracture models in the framework of the `local approach' requires par-
ticular attention to the modeling procedure, since the solution is very much dependent on the
values of local �eld quantities. Large deformations have been accounted for (option `NLGEOM'
in Abaqus). Care has also to be taken for the choice of the �nite element types, and for mesh
design. Generally, higher order elements are considered superior in accuracy and e�ciency as
compared to lower order elements. However, this is only true for `smooth' problems. First-order
elements perform better for problems that involve contact, impact, severe element distorsion
and discontinuities (HKS, 1997b,c). Contact and impact are problems encountered in Charpy
modeling. Severe element distorsion occurs e.g. in the notch root of the Charpy specimen
(sections 4.5 and 4.6). Plasticity and ductile damage (GTN model) are localizing phenomena
that induce strong discontinuities in the solution. All these cases need to be considered in this
study.

A preliminary study of the performance of di�erent isoparametric elements types for mod-
eling the Charpy specimen (Rossoll, 1997) actually con�rmed superior results in terms of
accuracy and e�ciency for (reduced integration) �rst order (= linear interpolation) elements.
However, reduced integration elements can show spurious modes of deformation (`hourglass-
ing'), which was actually encountered in some cases, notably in modal analysis of the Charpy
specimen (section 4.5.4), generally in computations with the GTN model, and in cell model
computations (section 5.2.4 and appendix A.6). In these cases, `selectively reduced' integra-
tion (reduced integration of volumetric strains, full integration of deviatoric strains) was used.
First-order elements may perform poorly in bending-dominated problems. However, even the
three-point-bending con�guration of the Charpy specimen was handled well, due to the �ne
mesh employed. Generally, the `selectively integrated' linear elements (`CPE4' in plane strain,
`CAX4' in axisymmetric loading, `C3D8' in 3-D) turned out to be somewhat costly in terms

67
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Table 4.1: Parameters of the GTN model employed in modeling. For their signi�cance, refer
also to section 2.2.2, equations 2.19�2.25.

parameter value method of identi�cation / remarks

q1 1.5 common value for this material (see section 2.2).
q2 1.0 common value for this material (see section 2.2).
f0 0.0005 average as given by eqs 3.1 and 3.2 (see section 3.1).
εN 0.3 common value; proposed by Tvergaard and Needleman (1984).
sN 0.1 common value; proposed by Tvergaard and Needleman (1984).
fN 0.006 corresponds to 25 % of Fe3C present (Fisher and Gurland, 1981); see

section 2.2.
δ 4 common value for obtaining high void growth acceleration with good

numerical stability.
fc 0.06 �tted from simulation of tensile tests (section 4.2).

a (mesh size) 100 µm �tted from simulation of CT specimens (section 4.4); also convenient
for Beremin model (chapter 5).

of CPU time, but very reliable. The element output was condensed in the centroid of the
element, in order to limit the size of the results �les.

Mesh generation for the CVN specimen was accomplished with the I-DEAS (SDRC, 1996)
software package. The standard built-in Abaqus mesh generation tools were used for the other
specimen types. For the tensile specimens an axisymmetric element formulation was used,
whereas the CVN and CT specimens were modelled in plane strain and in 3-D.

The GTN model is not readily available as a standard material in ABAQUS/Standard. 1

It was implemented via a user interface as a `user material' (`UMAT'). This `UMAT' exists in
two versions, both of which were provided by GKSS: a rate independent version, developed
by Siegmund and Brocks (1997), and a rate dependent modi�cation, developed by Mühlich
et al. (1998). Both formulations are based on the algorithms developed by Aravas (1987)
and extended by Zhang (1994). The identi�cation of the parameters of the material law has
already been reported in section 3.2.3, except for the additional parameters of the GTN
model. Table 4.1 gives an overview of these parameters, of their values, and on the method of
determination.

The `classical values' q1 = 1.5 and q2 = 1.0 seem to work well for global modeling with this
material. Actually q1 could also be �tted from unit cell computations (Koplik and Needleman,
1988), as also noted in appendix A.6. Perrin (1992) proposed a self-consistent approach for
identi�cation. However, the value of q1 found by these approaches depends on the assumptions
that are taken on the staggering of voids in the matrix. q1 was kept equal to 1.5, although
computation of an axisymmetric unit cell yields a value of rather 1.25 (appendix A.6).

The initial volume fraction of voids f0 was chosen as the volume fraction of manganese
sul�des present in the material, as given by Franklin's formula, together with part of the
oxides (average of equations 3.1 and 3.2). Following Fisher and Gurland (1981) who stated

1ABAQUS/Standard actually provides the Gurson (1977) model in a formulation similar to eq. 2.19. How-
ever, the function f∗ (eq. 2.20) simulating the acceleration of void growth due to void coalescence is not
implemented, i.e. f∗ = f . The complete GTN model is available in ABAQUS/Explicit.
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that only 10�40 % of carbides give rise to void nucleation, the volume fraction of voids created
by nucleation fN was taken as 25 % of the Fe3C carbides present (under the assumption
that the entire carbon content of the material is present in the form of Fe3C). The classical
nucleation parameters εN = 0.3 and sN = 0.1 were employed. A void growth acceleration
factor δ = 4 was chosen, that guarantees a good simulation of the load drop in tensile test
simulations, and assures good numerical convergence.

Only two parameters were actually �tted, in order to achieve a good simulation of global
load-displacement curves. The critical void volume fraction fc was identi�ed by simulation of
smooth tensile tests (following section). It could also be derived from unit cell computations,
with the same problem induced by the necessary assumption on the spatial arrangement of
voids, as discussed above. The length parameter a (dimension of the �nite elements in direction
of strong gradients) was determined by simulation of fracture toughness specimens (section 4.4
and appendix A.4).

The parameter a as determined for the GTN model turned also out to be convenient for
the Beremin model, for the parameter set chosen. This is in contrast to other works combining
ductile fracture models with the Beremin model, as e.g. Eripret et al. (1996), where two length
scales needed to be de�ned (50 µm for the cleavage fracture model, and 500 µm for the ductile
fracture model). It may be a `lucky coincidence' that a single length parameter was found
su�cient in this study. However, there may also well be some physical signi�cance behind,
since fractographic observations show the actual link between ductile damage and cleavage
fracture initiation in the material investigated (section 3.4).

Generally, the computations were carried out displacement controlled, as is also the case
for the actual tests. However, the actual loading rate is generally lower in testing, especially
at the beginning of the loading process, due to the machine compliance (that is additionnally
non-linear), which is generally neglected in numerical analysis.

4.2 Smooth Tensile Specimens

The smooth tensile specimens have been simulated in order to verify the parameters of the
material law(s), and in order to identify the critical void volume fraction fc (GTN model, see
preceding section). The mesh design employed in numerical analysis is shown in appendix A.1,
�gure A.1. Due to symmetry, only one half of the specimen needs to be modelled. CAX4
elements (isoparametric, �rst-order interpolation, selective integration) were used, as discussed
in the preceding section. The mesh size in the center of the specimen is 100× 50 µm2, for the
radial and longitudinal orientation, respectively. A preliminary study on the consequence of a
slightly smaller section in the center of the specimen (minus 0.5 % of the nominal diameter)
showed that the global response is practically not in�uenced. Necking still occurs when no
geometrical heterogeneity is present in the center of the specimen, even for a non-porous (i.e.
von Mises) material (Berdin and Rossoll, 1998).

Figures 4.1 and 4.2 show the simulated load vs. elongation (left hand side) and load
vs. reduction of diameter (right hand side) curves, together with experimental curves, for
the entire range of temperatures. For representation, no normalization (in terms of nominal
stress and nominal strain) has been carried out. However, since the specimens had not been
instrumented for acquisition of the elongation (see section 3.2.1), the displacement due to
machine compliance had to be subtracted from the crosshead displacement by shifting the
load curve to the left, in order to �t the yield point to the computed value.
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Figure 4.1: Computed and experimental global response of tensile tests. Top: T = −90 ◦C.
Center: T = −60 ◦C. Bottom: T = −30 ◦C.
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Figure 4.2: Computed and experimental global response of tensile tests. Top: T = 0 ◦C.
Bottom: T = 30 ◦C.
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The computed curves shown in �gures 4.1 and 4.2 have been obtained with the parameter
set `II' (section 3.2.3). For comparison, computations have also been run with a rate indepen-
dent formulation of the material law, i.e. imposing a zero strain-rate. As can be expected from
�gure 3.10 (section 3.2.3), the obtained load values are signi�cantly lower. The rate-sensitivity
plays also an important role on the specimen elongation. Rate-induced hardening of the ma-
terial substantially delays specimen necking. Thus a `delocalization' e�ect is obtained, that
strongly stabilizes the response of the specimen.

It is remarkable that in almost all cases the experimental elongation curves of both tests
of each temperature lie close together, except for T = 0 ◦C, and that most of them show a
necking (elongation) behaviour as simulated with strain-rate independent material law (except
for T = −90 ◦C), where the rate dependent solution �ts the experimental results closely.
However, two aspects merit attention: One point is that numerical simulation involving this
sort of `bifurcation' behaviour may be strongly in�uenced by the algorithm used in analysis.
The other point is that material inhomogeneity, not taken into account in numerical simulation,
certainly also plays an important role.

The experimental load vs. reduction of diameter curves are plotted only up to maximum
load. The reduction of diameter at fracture was measured post mortem. It can be stated that
the critical void volume fraction fc can be fairly well described by a common value, here
identi�ed as 0.06, over the range of temperatures investigated. Recall that failure in a volume
element occurs when the `apparent' porosity f∗ reaches a value of 1/q1, or in other words,
when f equals ff (where f is the `nominal' porosity, and ff is the �nal value). The value of 4
chosen for the void growth acceleration due to coalescence, δ, means that ff equals 0.212 (see
equation 2.20).

Simulations of the compressive tests at di�erent strain rates (section 3.2.2) are reported
in Rossoll (1997). One confrontation of experimental records and simulation, for the case of
tests on the Hopkinson bar device run at T = −90 ◦C, can also be found in appendix A.2.

4.3 Notched Tensile Specimens

The mesh designs can be found in the appendix (�gure A.3). As for the smooth tensile speci-
men, only one half of the specimen needs to be modelled, and CAX4 elements (see section 4.1)
were employed. The mesh size in the notch section is 100 × 100 µm2. Experimental and com-
puted load vs. reduction of diameter curves can be found in the appendix (�gures A.4 and
A.5). They are not normalized. The values of the reduction of diameter at failure were mea-
sured post-mortem, and corrected for the actual section, as an input for Weibull modeling
(chapter 5).

For the NT4 specimen, the global response curves of three di�erent models are shown in
�gure 4.3. The �rst case was computed with the GTN model, as it was also used for simulation
of the smooth tensile tests. The second and third case shown were computed considering a
dense material. However, in case 3, a crack of 300 µm radius was initiated in the center of the
specimen, at a stress of 1000 MPa (which is in the order of magnitude of the decohesion stress
for manganese sul�des), via node release. This crack size is the average size of ductile cracks
found to be responsible for cleavage initiation in this material Renevey (1997), see section 3.4.1.
No crack propagation was assumed to occur. However, in the course of the loading process, the
crack changes geometry and expands to a large cavity. The global results di�er very weakly,
up to the point where ductile fracture (GTN model) initiates.



4.3. NOTCHED TENSILE SPECIMENS 73

test
Computation. Dense mat. with crack

Computation. Dense material
Computation. GTN material

fracture

Reduction of diameter [mm]

L
oa
d
[k
N
]

2.01.81.61.41.21.00.80.60.40.20.0

35.0

30.0

25.0

20.0

15.0

10.0

5.0

0.0

Figure 4.3: Load vs. loadline displacement curves for di�erent computations of the NT4 spec-
imen. T = −90 ◦C.

Locally, however, stresses are very much dependent on the model. The stress distribution
of the maximum principal stress occurring in the ligament is shown in �gure 4.4, for two load
steps. For a specimen elongation of 1 mm, approximately corresponding to a reduction of
diameter of 1.11 mm, the maximum principal stress is slightly lower for the GTN material
than for the dense material. The magnitude of porosity is still low, which means that it has
a modest e�ect. The `crack' solution yields of course a di�erent picture (from the moment of
crack initiation onwards). A stress peak occurs, due to the stress concentration e�ect at the
crack tip, although the crack has already blunted out due to plasticity.

Once the critical void volume fraction fc has been attained in the GTN material, a sharp
load drop occurs (�gure 4.3). At a specimen elongation of 1.167 mm (reduction of diameter
of about 1.32 mm), some of the elements have already failed. Over several other elements
stresses have started to decrease (i.e. f > fc). This large heavily damaged zone does not allow
for such a high stress peak in its vicinity as it is induced by a discrete crack in dense material.
Thus, for this specimen geometry, that is characterized by weak gradients and a low stress
triaxiality (σh/σeq ≈ 1), i.e. a large volume of material undergoing ductile damage almost
simultaneously, the GTN solution and the discrete-crack solution yield fairly di�erent stress
distributions.

It shall be noted that the term `maximum principal stress' refers to the macroscopic' scale
in the GTN model. It is the stress acting on a (porous) volume element, and not the stress
acting in the matrix material alone. The latter is not de�ned in the GTN model (except for the
equivalent stress). However, it can be said that the stress in the matrix is of course qualitatively
higher than the stress acting on the `composite' material consisting of matrix + voids. This
has to be kept in mind when considering the stress for cleavage initiation. Further discussion
on this subject will be presented in section 5.2.4.
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Figure 4.4: Maximum principal stress in the ligament of the NT4 specimen. Comparison
of di�erent computations. T = −90 ◦C. Top: Specimen elongation = 1.0 mm. Bottom:

Specimen elongation = 1.167 mm.
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4.4 Compact Tension Specimens

4.4.1 Mesh Design

The `basic' 2-D mesh design that was also used in order to derive and study other mesh de-
signs is shown in �gure 4.5. It has been created with the built-in Abaqus tools. Thus certain
modi�cations can be easily made. The element size at the crack tip is 100× 100 µm2 (regular
quadratic mesh). CPE4 elements (plane strain, isoparametric, �rst-order interpolation, selec-
tive integration) have been used. The `basic' mesh design was used for a parametric study on
the in�uence of the crack tip design, of material properties, and of the order of integration. The
other crack tip designs studied are 50×50 µm2 and 200×200 µm2, and a blunted crack tip of
3 µm radius. Deformation plots are shown in �gures 4.7 and 4.8, for the regular 100×100 µm2

mesh and the blunted crack tip design, respectively. In the beginning of the loading process,
the blunted crack tip design yields a larger crack tip opening displacement (CTOD) than the
regular mesh. However, for the imposed loadline displacement of 1 mm shown in the �gures,
the CTOD values of both designs are quite close.

The mesh design retained for 3-D computation is shown in �gure 4.6. It has been derived
from the `basic' 2-D mesh by some re�nement in the gripping region and on the back side, and
consists of 10 layers of `C3D8' elements (similar as CPE4, but in 3-D instead of plane strain) in
the thickness direction. Note that only one quarter of the specimen needs to be modelled, due
to symmetry, and that the thickness of elements decreases progressively towards the surface,
in order to allow for a good resolution of gradients. Doubling the number of elements of the
basic 2-D mesh yielded the mesh design used for ductile crack-growth analysis of a side-grooved
specimen, as shown in appendix A.4 (�gure A.9). The element size is constant (100×100 µm2)
over a length of 2 mm.

Finally, the crack tip investigations presented in section 4.4.3 include also boundary
layer analyses. For this purpose, a half-circular mesh was designed (�gure A.7 shown in ap-
pendix A.4). This analysis was conducted under small strain assumption. Quadratic reduced
integration elements (CPE8R) were used. Nodes are collapsed to one point at the crack tip.
However, no kinematic conditions are imposed, i.e. the nodes are free to move. Since elastic-
plastic materials are considered, the mid-nodes have not been shifted to the `quarter' position
that yields the correct stress singularity in elastic analysis. On the boundaries the displace-
ments ux and uy are imposed with (Tada et al., 1973)

ux =
KI

2µ

√
R

2π
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2

[
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2

)]
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2

)]
(4.2)

where µ is the shear modulus, R and Θ describe the outer contour of the �nite element
mesh, and κ = 3 − 4ν (plane strain).

4.4.2 Global Response

Figure 4.9 shows the load vs. loadline displacement of one representative test, together with
three computed curves: A rate independent formulation of the GTN model was used in 2-D and
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Figure 4.5: `Basic' mesh design of CT specimen used for studying di�erent mesh re�nements
and material laws (2-D plane strain analysis).
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Figure 4.6: 3-D mesh design of CT specimen. Due to symmetry, only one quarter of the
specimen needs to be modelled. Note the progressive mesh re�nement from the center plane
(hidden) towards the surface.



4.4. COMPACT TENSION SPECIMENS 77

Figure 4.7: Crack tip opening in the 100 µm mesh (2-D). The loadline displacement is 1 mm.
The size of the area shown is about 180 × 110 µm2.

Figure 4.8: Crack tip opening in the 3 µm mesh (2-D). The loadline displacement is 1 mm.
The size of the area shown is about 180 × 110 µm2.
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Figure 4.9: Load vs. loadline displacement curves for di�erent models of the CT specimen.
T = −90 ◦C.

3-D analyses, whereas the rate dependent result is only shown for 3-D. As to be expected, the
2-D plane strain analysis yields a response that is too sti�. However, also the rate dependent
3-D model fails to describe the experimental curve. Only the rate independent (equivalent to
the assumption of a crosshead velocity of zero) 3-D simulation captures the experiments well
(see also �gure A.6 in appendix A.4). It seems that the important rate-dependence of the yield
stress delays the localization of plastic deformation to a large extent�see also the discussion
on the necking behaviour of smooth tensile specimens in section 4.2. This is of course also an
e�ect of the homogeneous material properties assumed in the FEM models. Simulation with
slightly heterogeneous material properties across the specimen would probably induce much
faster localization of deformation, and allow a good �t with experimental curves also for the
rate-dependent material law formulation.

Most of the further analyses of the CT specimen were conducted with the rate independent
material formulation, since local stresses cannot be expected to be representative if the global
response is poorly described. However, a more profound analysis of the viscosity e�ects of the
material would be necessary. No in�uence of the crack tip mesh design on the global response
could be found. The choice of reduced integration elements, as compared to the selective
integration (see section 4.1), led to a slighter slope of the load vs. loadline displacement curve.
However, once the limit load was attained, the load level was identical for both element types.

4.4.3 Crack Tip Investigations

For both the Beremin and the GTN model the element size at the crack tip is an impor-
tant parameter (`characteristic length'). This is why the e�ect of di�erent element sizes and
mesh designs on the crack tip �elds was studied. Further analyses include the in�uence of
the constitutive equations. Finally, the results were compared with small-scale yielding ref-
erence solutions obtained via the boundary layer method. Boundary layer analyses were run
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with the elastic-plastic material law in incremental formulation as employed in the other
FEM computations, and with a `deformation plasticity' material law. The latter is basically
a Ramberg-Osgood law, as it was employed in the derivation of the HRR �eld (Hutchinson,
1968; Rice and Rosengren, 1968)�see section 2.1.2 that presents the RKR model (Ritchie
et al., 1973). A boundary layer analysis run with this material law yields thus basically a
numerically computed solution of the HRR �eld. Deformation plasticity is actually equivalent
to non-linear elasticity. This formulation reads in one dimension

Eε = σ + α

(
| σ |
σy

)n−1

σ (4.3)

where σ and ε are the stress and the strain, respectively, E is Young's modulus (initial
slope of the curve), α is an `o�set' parameter and n is the strain hardening exponent. Taking
σy = 439 MPa, α = 1 and n = 7.14, a similar curve is obtained as with the Hollomon law used
in incremental formulation (interrupted line in �gure 3.7). In the case of radial loading, the
main di�erence between the material law `II' in elastic-plastic formulation and the deformation
plasticity material law is that an extrapolation has been carried out in the material law `II',
in order to de�ne a new yield stress (full line in �gure 3.7). Consequently, the �ow stress is
higher at low strain levels.

Further cases studied in the CT specimens include the GTN or dense material, rate de-
pendence, and the order of integration. The results concerning the strain distribution are not
plotted. However, it can be reported that only the �ne blunted crack tip mesh design yields
a very strong strain singularity. All solutions approach a unique value still quite close to the
crack tip. For instance, the value of the equivalent plastic strain ahead of the crack tip given
by the 100×100 µm2 mesh is practically identical to the value obtained with the �ne mesh, at
a crack tip distance of only 60 µm, for the largest loadline displacement considered. At lower
load levels, the solutions approach each other even earlier.

Figures 4.10 and 4.11 illustrate the stress distribution ahead of the crack tip, in the crack
growth direction, for di�erent material laws and for di�erent crack tip mesh designs, respec-
tively. From the top to the bottom of each of these two �gures, three load levels are shown,
which cover the load range where most failures of CT specimens at T = −90 ◦C occur. The
highest load level considered has actually only been encountered at higher temperature (to-
wards the ductile-to-brittle transition). Boundary layer (`BL') analyses are also included, as
a reference solution. For the highest load level considered (plots on the bottom of the �g-
ures), they are not valid anymore, due to the development of an important plastic zone. Thus,
equations 4.1 and 4.2 (boundary conditions) do not hold anymore, since they apply only to
(globally) elastic behaviour.

The study of di�erent material laws was conducted on the 100 × 100 µm2 mesh design.
For the �rst load step (top of �gure 4.10), the `dense' material (von Mises plasticity) yields a
slightly higher stress than the elastic-plastic GTN material. For the second and third loading
step, the stress levels are almost identical. However, in the latter case, stresses drop quicker
towards the crack tip for the GTN material, apparently due to ductile damage. It can be
concluded that both material types are fairly equivalent, as long as ductile damage is not
important. 2 This means also that one can expect similar results for both materials for the
application of the Beremin cleavage fracture model, in the case of `pure' cleavage. This is
probably also true in the ductile-to-brittle transition region (ductile crack growth preceding

2This is not surprising, of course, since the void volume fraction considered is low.
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Figure 4.10: Maximum principal stress ahead of the crack tip in the CT specimen (100 ×
100 µm2 mesh) for di�erent material laws, and comparison with standard BL (boundary
layer) solutions. Three di�erent loadline displacements 0.25 mm (top), 0.50 mm (center) and
1 mm (bottom) are imposed. They correspond to J-integral values of 13 N/mm, 50 N/mm
and 173 N/mm, as referred to the elastic-plastic GTN material solution. The equivalent plane
strain KI values (equation 3.9) are 54 MPa
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Figure 4.11: Maximum principal stress ahead of the crack tip in the CT specimen for di�erent
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cleavage fracture). In that case, node-release for the dense material or element failure in the
GTN material should yield a similar stress peak ahead of the crack, since the region of material
softened by ductile damage (GTN material) is very con�ned in this geometry (large gradient,
high stress triaxiality), which means that an element adjacent to a heavily damaged element
is almost undamaged, and can bear high stresses. Recall that the sitation is di�erent in the
relatively smoothly notched NT4 specimen (section 4.3).

Reduced integration yields a similar solution as compared to selective integration, except
that stresses are slightly lower. However, rate dependent plasticity exerts a large in�uence on
the solution. The stress level is much higher, as compared to the elastic-plastic solution.

Finally, the computations run on the CT specimen shall be compared with the small-
scale yielding solutions obtained by boundary layer analysis. First of all, the two material
laws considered in the latter case yield fairly di�erent solutions from each other. This is
apparently�at least partly�due to the much lower �ow stress in the deformation plasticity
material, at low strain. The importance of a precise knowledge of the actual material behaviour
can be denoted.

The di�erence in the stress distribution between the CT specimen and the BL solution
increases with load, which is mainly due to crack tip blunting in the CT specimen (remember
that the BL analysis is run under small strain assumption).

The parametric study on the crack tip mesh design (�gure 4.11) yields the following results:
In the �rst load step, from the second �nite element of each of the rectangular mesh designs
onwards, solutions are practically identical to the solution provided by the blunted crack tip
mesh. The distance from the crack tip to the point where the solutions meet depends of course
on the size of elements in the rectangular mesh design, i.e. the smaller the element size, the
earlier they meet. The stress peak is 1800 MPa for the most re�ned mesh (blunted crack tip),
and 1400 MPa for the coarsest mesh investigated. Advanced crack tip blunting occurring in
the second load step diminues the di�erences. However, in the third load step, a crack has
already started to grow in the 50×50 µm2 mesh. Consequently, the stress peak is shifted away
from the former crack tip (0.2 mm, corresponding to the failure of 4 elements). The stress peak
in the 100 × 100 µm2 mesh is almost as high as in the blunted crack tip design. However, the
stresses decrease faster towards the crack tip. The 200 × 200 µm2 mesh predicts through all
load steps the lowest stress.

It can be concluded that the 50× 50 µm2 mesh is not suitable for modeling with the GTN
model, since it induces ductile failure prematurely (no ductile crack initiation was observed
in corresponding experiments). Simulation of side-grooved CT specimens tested at T = 0 ◦C
con�rms that the 100 × 100 µm2 mesh provides a correct ductile crack growth rate (see
appendix A.4). The parametric study on the appropriate mesh design needs to be continued
with the Beremin model (chapter 5).

Finally, the stress distribution plots shown in �gures 4.10 and 4.11 shall be compared to
the experimentally determined locations of cleavage initiation (�gure 3.34 in section 3.4). It is
clear from the FEM results that cleavage can only be initiated close to the crack tip, at a low
load level, whereas the broadening of the stress peak allows for a large volume to be sampled
for a weak spot, at a high load level.

4.4.4 Conclusions

The overly sti� response obtained by 3-D simulation of the CT specimen indicates some
di�culty with the rate dependent material law formulation. For an elastic-plastic material,
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the agreement with experimental load records is excellent. Consequently, a rate-independent
material law was retained for modeling. A crack tip mesh size of 100 ×100 µm2 was identi�ed
to yield a correct prediction of the ductile crack growth rate with the GTN model. Local
stresses ahead of the crack tip are dependent on the mesh size, but only close to the crack tip.

4.5 The Charpy Impact Test�A First Study Aiming on Me-

chanical Aspects

4.5.1 Introduction

On the upper shelf, applications of ductile micromechanic fracture models to the impact
test have been provided, amongst others, by Tvergaard and Needleman (1988); Narasimhan
et al. (1992); Sun et al. (1994); Mathur et al. (1994). However, in the brittle failure regime
(lower shelf), di�erent questions arise. For instance, in the early stages of loading, strong
inertial e�ects occur. Inertia can be so predominant that very brittle specimens can be tested
without the use of anvils. This is the case in one-point testing, where the specimen is entirely
loaded by inertia (Giovanola, 1985). A more conventional and more universal approach in the
time domain of strong inertial e�ects is the evaluation of conventional three point bend tests
(e.g. Charpy) via dynamic key impact response curves which directly yield KId (dynamic
fracture toughness) values, as suggested by Kaltho� (1985); Böhme (1990). However, this
method requires the use of pre-cracked specimens. It is rather employed for testing large bend
specimens, where dynamic e�ects do not dampen out quickly due to spreading plasticity.

The domain of validity of a quasistatic evaluation procedure has to be de�ned. In this
context, the compliance of the Charpy impact testing machine, which seems still quite poorly
de�ned in the literature, has to be investigated. Another point of interest is whether the state of
constraint in the rather small Charpy specimen could allow the application of a 2-D numerical
model. These questions have partly already been treated in the literature. FEM computations
aiming on mechanical aspects of the Charpy impact test have been presented, amongst others,
by Ayres (1976); Norris, Jr. (1979); Tvergaard and Needleman (1988); Nakamura et al. (1989);
Mathur et al. (1993). However, comparisons between model and experiment are still rare. The
work presented here is not a systematic parametric study, but focuses on the application to a
speci�c material. Nevertheless it should allow some generalizations.

4.5.2 Mesh

2-D and 3-D FEMmesh designs (see �gures 4.12, 4.13) have been developped. In 2-D up to 2300
4-noded, and in 3-D 8700 8-noded elements have been used. The element formulation is linear
isoparametric with reduced integration and hourglass control. Comparative computations with
quadratic (reduced integration) elements employing a mesh with a similar number of DOFs
(degrees of freedom) proved that linear elements well describe the steep stress and strain
gradient ahead of the notch of the Charpy specimen, whereas quadratic elements tend to
show `wavy' behaviour (oscillations). The global response of both element types is almost
identical (slightly less rigid for the linear element type). Modal analyses were carried out
using selectively integrated elements, in order to avoid the appearance of spurious modes of
deformation. Discussion on these aspects has also already been presented in section 4.1.

Due to symmetry considerations, only half (2-D) or one quarter (3-D) of the specimen needs
to be modelled. The 3-D mesh consists of 10 layers of elements in the thickness direction. A
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Figure 4.12: `Fine' 2-D mesh design (showing the analytical contact surfaces as well as the
spring element employed for part of the dynamic analyses).

decreasing node distance towards the outer surface was employed, allowing a better resolution
of the stress and strain gradient in the specimen width. A mixed 2-D/3-D element approach
using constraint equations for the 3-D part had to be given up, since it was found that the 3-D
part would need to be very large in order to yield a correct solution. This is due to the fact
that, very early in the loading history, the Charpy specimen undergoes generalized yielding.

A �ne mesh is used for modeling contact surfaces and notch section of the specimen. Rigid
surface contact elements have been used to model striker and supports. A friction coe�cient
of 0.1 was assumed. Loading of the specimen is modelled by imposing a �xed velocity to the
striker. In some fully dynamic analyses, the impact velocity is imposed upon the rigid striker
contact surface via a spring element, thus simulating machine compliance.

4.5.3 Analysis

Calculations included the following features (see �gure 4.14):

• crosshead speed or striker velocity imposed

• rate-dependent material behaviour

• quasistatic or fully dynamic (including inertia terms) solution procedure.
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Figure 4.13: 3-D mesh design (not showing the analytical contact surfaces).

The latter has only been employed for some transitional analyses of the dynamic (impact)
test, with a 2-D mesh only. Fully adiabatic conditions have been considered for the impact
test, thus not allowing any transfer of the heat generated by plastic deformation, since the
characteristic heat di�usion time is considered to be about one order of magnitude longer than
the duration of an impact test. A heat generation factor of 90% was employed, i.e. 90% of the
inelastic strain energy are assumed to be dissipated into heat (Taylor and Quinnley, 1933-34).
Most analyses were carried out with the rate-dependent elastic- viscoplastic material law pa-
rameter set `I' (see section 3.2.3) for a temperature of −90◦C, which corresponds to a material
yield strength of 571 MPa. Modal analyses were carried out varying the boundary conditions
of the specimen (�gure 4.15). Di�erent cases were studied and included also modeling the
striker via a spring element (case 4).

4.5.4 Results

Analytical Solutions for the CVN Specimen

A �rst check on the numerical solution was carried out by comparison with the analytical
solution provided by Ewing (1968), whose work is an extension of the results presented by Hill
(1950) and Green and Hundy (1956). The mesh employed for FEM analysis is based on the
2-D mesh design shown in �gure 4.12, except that no mesh re�nement was made for applying
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Figure 4.14: Types of numerical analysis.

the boundary conditions (point support). A rigid-plastic material was assumed. The limit load
was found to be in excellent agreement with the analytical solution.

Global Response

Comparison of experimental and numerical global (load-displacement) curves allowd a further
validation of the numerical models. In the numerical simulation, a `stick-slip' e�ect appears,
which turns out to be an artefact due to the contact algorithm, since it does not appear on
experimental curves, but does so on results of a calculation assuming no friction. Figure 4.16
shows the case of quasistatic testing.

In these analyses, no ductile damage has been taken into account, which is supposed to
develop after a de�ection in the order of 0.5 mm, according to the observation of the potential
drop signal, and of fractographies. 3 Consequently, a slight overestimation of the numerically
obtained global response curve for larger displacements arises. In conclusion, the 3-D model
seems rather reliable.

Figure 4.17 shows two experimental load-de�ection plots obtained by impact testing on
machine `B', in comparison with a numerical quasistatic analysis. Typically, the experimental
curves are practically superimposed, except for the displacement at failure, which is prone

3Actually, signi�cant ductile crack propagation occurs from a de�ection of about 1.25 mm onwards. Simu-
lation of ductile crack propagation by means of the GTN model is presented in the next section.
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Figure 4.15: Di�erent boundary conditions studied in modal analysis, and dominant vibration
mode of the specimen in impact testing (bottom).

to a large scatter in the ductile-to-brittle transition domain. Large oscillations appear on the
load record, which re�ect the importance of inertial e�ects. The numerical curve follows the
mean curve between the oscillations quite closely. The oscillation period for specimens tested
on di�erent machines is reported in table 4.2.

Fully dynamic analyses have only been carried out in 2-D, since dynamic computation in
3-D is very costly. A plane strain assumption naturally induces an overestimation of the speci-
men global reaction (�gure 4.18). Another interesting feature is the rather poor accordance in
terms of the oscillation frequency. It seems that the compliance of the testing machine, which
has been neglected in the present computation, has an important in�uence on the period of
apparent oscillations of the system, consisting of the specimen and the machine.

In order to determine the machine compliance, low-blow tests have been conducted, that
delivered the `total' compliance C of the system. Obviously, the value of CM found depends
strongly on the method of determining Cs (eq. 3.12). Usually, the specimen compliance Cs

is obtained by an analytical solution. The local indentation and the `true' anvil distance
(which does not remain constant during the loading process) cannot be taken into account
via an analytical approach. In this study, the specimen compliance (unnotched Charpy) was



88 CHAPTER 4. NUMERICAL MODELING: MECHANICAL BEHAVIOUR

0

2

4

6

8lo
ad

 (
kN

)

10

12

14

16

18

20

displacement (mm)

3-D simulation / no friction

3-D simulation / friction coeff. = 0.1

average of 4 experimental results

0 0.2 0.4 0.6 0.8 1 1.2 1.4 1.6 1.8 2

Figure 4.16: `Quasistatic' test. Experimental and numerical global response. T = −90◦C.

0

5

10

15

20

25

0 0.2 0.4 0.6 0.8 1 1.2 1.4 1.6

displacement (mm)

lo
ad

 (
kN

)

test result (machine B)
test result (machine B)
3-D simulation

Figure 4.17: Impact test. Experimental and `quasistatic' numerical global response. T =
−60◦C.



4.5. THE CHARPY IMPACT TEST�A FIRST STUDY AIMINGONMECHANICAL ASPECTS89

0

5

10

15

20

25

0 0.2 0.4 0.6 0.8 1 1.2 1.4 1.6

displacement (mm)

lo
ad

 (
kN

)

2-D dynamic analysis   Cm = 0 (rigid striker)
experimental curve (machine B)

(Cm = machine compliance)

Figure 4.18: Impact test. Experimental and `dynamic' numerical global response. In�nitely
sti� machine. T = −60◦C.

determined by 3-D FEM analysis. For the material investigated (A508 Cl.3), purely elastic
analysis yielded a value of 1.16 10−8 m/N. Taking into account plasticity, which develops very
early at the points of contact, the value increased to 1.28 10−8 m/N.

Using this latter value, a machine compliance of 0.7 10−8 m/N was found for machine
`B' in a �rst attempt. This value has been applied for the spring in contact with the rigid
striker (�gure 4.19). The agreement with the experimental curve is still not very good, but a
signi�cant improvement is achieved, as compared with the results given by a model neglecting
the machine compliance. A second series of low-blow tests yielded a slightly lower value for
the machine compliance of impact tester `B' (0.63 10−8 m/N).

The comparison of striker and anvil response is given in �gure 4.20. One can observe that
signi�cant load is transmitted to the anvil only after 12 µs, long after the arrival of inertial
waves. This indicates the loss of contact between the specimen and the anvil due to a `negative'
bending in�ection of the specimen, phenomenon which has already been observed by Böhme
and Kaltho� (1982) for larger impact specimens.

Figure 4.21 shows an energy balance analysis of a dynamic impact test conducted at−90◦C.
It can be seen that, after two oscillations, kinetic energy can be neglected, in comparison to
total energy. A similar picture was found for a model including the machine compliance, except
that the oscillation period is longer, and a certain amount of strain energy is dissipated in the
machine. For fully elastic material, in the absence of the dampening e�ect of plasticity, kinetic
energy turned out to remain relatively more important.

Modal Analysis

As to be read from table 4.2, experiments on all four machines yielded periods of oscillations in
the range from 39 to 55 µs. Numerical transient analysis modeling an in�nitely rigid machine
revealed a dominant vibration mode with a frequency of 26 µs. Modal analysis of an entirely
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Figure 4.19: Impact test. Experimental and `dynamic' numerical global response. Machine
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Figure 4.21: Energy balance of a Charpy impact test. 2-D fully dynamic analysis. T = −90◦C.

Table 4.2: Properties of Charpy impact testers.

machine τ (`full blow') CM (low blow) CM (modal analysis)
(µs) (10−8 m/N) (10−8 m/N)

A 39 0.47 0.18
B 47 0.63 0.36
C 39 � 0.18
D 55 1.16 0.72

free specimen gives 69 and 16 µs, for the �rst and second symmetric mode respectively. How-
ever, employing the boundary conditions sketched in �gure 4.15, for the cases 1�3, a period
in the order of 26�30 µs resulted, the specimen deforming in some sort of second symmetric
bending mode (see bottom of �gure 4.15). This means that, for all three cases, the vibrational
nodes are practically identical, and either of these cases can represent the vibration occurring
in transient analysis. Case 3 can also be computed analytically. A correction for rotary inertia
and of shear deformation has to be employed, e.g. according to Huang (1961), in order to �nd
a correct solution.

Case 4 includes the machine compliance into the model. Varying the spring sti�ness, the
resulting oscillation period of the system (specimen�spring) changes. The spring sti�ness can
be tuned in order to reproduce the fundamental period of the experimental load�time curves
for impacted specimens, tested on any of the machines. Figure 4.22 shows a transient analysis,
employing a spring element whose sti�ness was �tted by modal analysis. Apart from an initial
phase di�erence, the frequency of oscillations is met quite well, if one considers that the
computation was conducted in 2-D. Results provided by Mathur et al. (1993, 1994) show that
2-D analysis overestimates the frequency of oscillations, as compared to 3-D analysis. Thus
the apparent �t could be expected to be improved by 3-D analysis.
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Figure 4.22: Impact test. Experimental and `dynamic' numerical global response. Machine
sti�ness determined by modal analysis. T = −60◦C.

`Electronic' Response

As already mentioned in section 3.3.4, most Charpy V-notch impact tests were conducted on
machine `A'. Strong �ltering smoothens the inertial oscillations out (�gure 3.18). However,
strong dynamic e�ects exist, of course, as was also veri�ed with strain gauges that were
attached to the specimen and to the anvil. Questions arise on the �lter characteristics (they
are not documented), and in how far the tup load signal is actually modi�ed.

A solution was found by simulation of the signal �ltering in post-processing of a computed
load vs. displacement record (dynamic computation). A sine-Butter�eld �lter, as it is readily
available in ABAQUS/Post (HKS, 1997a), provided a fairly good approximation of the exper-
imental load curve (�gure 4.23). A �lter cut-o� frequency of 22 kHz (-3 dB) was employed.
The �ltered computed curve shows strong similarity to the experimental record. 4 A large
phase di�erence is induced, as can be especially well depicted in comparison with the static
computation.

Local Response

The evolution of the longitudinal strain rate in the �rst element close to the notch root is
plotted in �gure 4.24. It shows strong �uctuations for the dynamic analysis, but the in�uence
of these �uctuations on strain hardening can be considered as being negligible, in comparison
to the general level. The apparent strain rate is lower for 3-D analysis, due to the coarser mesh
employed.

A local approach to cleavage is usually based on a critical tensile stress criterion. Thus
it is important to examine the stresses in the most highly stressed region of the ligament. It
was found that they exhibit much weaker oscillations than the global reaction force. Di�erent
cases (elastic or elastic-viscoplastic material, rigid or `soft' testing machine) were studied.

4Note that machine compliance was not taken into account in computation, that actually modi�es the signal
further.
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Figure 4.23: In�uence of signal �ltering on the load-displacement curve. Machine `A', T =
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Figure 4.25: Evolution of the maximum principal stress in the ligament (notch root area). 2-D
static and fully dynamic analysis. T = −90◦C.

Figure 4.25 shows the evolution of the maximum principal stress, for an elastic-viscoplastic
material tested on a rigid machine, at two locations: i.e. in the �rst element at the notch root,
and at some distance, since the maximum stress is shifted inwards due to plasti�cation.

Very early, stresses begin to saturate, and stress �uctuations dampen out quickly. They
never exceed 10%. However, simulation considering a `soft' machine (modelled via a spring
element) yields stress oscillations of higher amplitude. For a purely elastic material, the ab-
solute magnitude of oscillations remains constant (no dampening). The relative magnitude
decreases constantly, due to the continuous stress increase, and falls below 10% after a test
duration of 44 µs.

Further analyses were undertaken in quasistatic conditions (inertia neglected). Another
concern is the temperature rise due to adiabatic heating. As already mentioned, the consti-
tutive equations were determined under virtually `isothermal' conditions. Thus the softening
e�ect due to adiabatic heating is not included in our formulation, but can be taken into ac-
count via adiabatic analysis. Figure 4.26 shows temperature rise for a specimen de�ection of
1 mm (200 µs test duration).

At the notch root, a temperature elevation of 220 K is found. Consequently, stresses close
to the notch root are strongly lowered by the softening e�ect due to temperature rise. In
comparison to isothermal analysis, the point of maximum stress is shifted away from the
notch root. Its value is only slightly lowered by the e�ect of temperature, since the temperature
increase at the same point is less than 30 K. However, the volume of matter subjected to a high
stress is more important in isothermal analysis, which thus can be regarded as conservative. 3-D
analysis yielded the same tendencies, but less pronounced, due to the coarser mesh employed.

It can be speculated whether the temperature elevation in the actual material is also
equally important. Fractography indicates that several shallow ductile cracks form at the
notch root, prior to signi�cant ductile crack growth. This means that the capacity of the
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Figure 4.26: In�uence of adiabatic heating. Temperature rise and maximum principal stress
ahead of the notch root. Comparison of adiabatic and isothermal computation. 2-D plane
strain analysis (�ne mesh). T = −90◦C, 1 mm de�ection.

material to support the extremely large strains predicted by computation is limited in reality,
and the temperature rise should also be less important. However, what is of principal concern
in cleavage fracture analysis, is the stress level. In order to investigate the in�uence of a shallow
crack on the stress pro�le in the ligament, a computation was run where the �rst node at the
notch root was released, at a de�ection of 0.75 mm. Here typically shallow cracks are already
formed, but no signi�cant ductile crack growth occurs yet. For this analysis, a mesh with an
element size of 100 µm in crack growth direction was employed. The strain and temperature
rise analysed at continuing de�ection were found to be lowered by this modi�cation. The
pro�le of the principal stress, however, was practically not modi�ed. This means that adiabatic
softening lowers the stresses in a similar way as does the development of secondary shallow
cracks.

The distribution of the longitudinal tensile stress along the ligament in the centre plane
of the specimen is plotted in �gure 4.27. It is compared for de�ections of 0.5 and 2 mm, and
for quasistatic (v = 0.25 mm min−1) and dynamic (v = 5 ms−1) testing conditions. Stresses
obtained in dynamic testing are much higher, due to strain rate hardening. For increasing
de�ection, the location of the peak stress is shifted towards the interior of the specimen (away
from the notch root). However, for a de�ection exceeding 0.5 mm, ductile crack initiation
occurs, which is neglected in the present analysis. A comparative computation using a friction
coe�cient of zero instead of 0.1 yielded practically identical stresses. Figure 4.28 demonstrates
that the longitudinal tensile stress in plane strain 2-D analysis closely follows the solution
obtained in the centre plane of the 3-D model. However, the �ne 2-D mesh allows a better
description of strain localisation, and predicts the peak stress to be located closer to the notch
root. Towards the outer surface, stresses decrease drastically.

The stress distribution in the thickness direction can be especially well depicted in �g-
ure 4.29, which shows a contour plot of the maximum principal stress in the notch root region
(quarter of a specimen, free surface on the back side). The highly stressed `plane strain' zone
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Figure 4.29: Contour plot of the largest principal stress in the ligament. T = −90◦C, 1 mm de-
�ection.

stretches over approximately half of the specimen thickness. The temperature rise due to
adiabatic heating is shown in �gure 4.30, for the same computation.

The area in�uenced is very much limited to the notch root. Compared to the �ne 2-D
results presented in �gure 4.26, the temperature rise is much less important. This results from
the larger strains occuring in the 2-D model, due to the �ner mesh employed that allows a
better description of strain localization.

Finally, �gure 4.31 illustrates the distribution of the Mises stress in the entire specimen.
The development of a `plastic hinge' can be well depicted, as well as the local indentation of
the specimen by the striker and anvil.

4.5.5 Discussion

In order to apply a local cleavage fracture criterion to the Charpy specimen, a model as simple
as possible is needed. This study shows that a 2-D plane strain quasistatic analysis can be
su�cient in the pure cleavage domain. This hypothesis is also in agreement with the work of
Nakamura et al. (1989); Narasimhan et al. (1992); Mathur et al. (1993). However, the domain
of validity of this simple approach is limited towards both long and short loading times.

Long loading times

A long test duration means that ductile crack initiation occurs, which modi�es the stress dis-
tribution. We did not carry out simulations incorporating this e�ect. However, it can probably
be neglected, at the very beginning. A signi�cant amount of ductile crack advance de�nitely
needs to be taken into account, which would call for 3-D modeling. Adiabatic heating was
found to have a weak e�ect on the magnitude of the peak tensile stress in the ligament. How-
ever, the stress distribution, and the volume of material subjected to a high stress is modi�ed.
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Adiabatic softening can also be taken into account via a material law that includes this ef-
fect already (i.e. established under adiabatic conditions). Tvergaard and Needleman (1991)
already pointed out that ductile damage, as mentioned above, has a stronger softening e�ect
than adiabatic heating. In the pure cleavage domain, taking into account adiabatic heating can
be considered useful and illustrative, but not indispensable. Finally, it is worth mentioning,
that the perfect knowledge of the friction coe�cient between the specimen and the anvils is
not imperative, since local stresses are practically independent of its exact value.

Short loading times

A short test duration is characterized by the presence of dynamic e�ects, that would require a
dynamic treatment of the problem. This question is addressed by the de�nition of a transition
time from dynamic to quasistatic conditions. Di�erent de�nitions have been proposed in the
literature. They are based on

• empirical formula (Ireland, 1976; Server, 1978b, 1985),

• FEM computation of the dynamic J-integral (Nakamura et al., 1989),

• optical measurement of crack tip loading by the method of caustics (Böhme, 1990),

• application of the Beremin model (see next chapter).

The `classical' 3τ criterion for validity of Charpy impact tests (Ireland, 1976; Server, 1978b,
1985) requires that fracture does not occur before 3 inertial oscillations. The duration of one
period τ is given by the empirical formula

τ = 3.36
W

c
(EBCs)

0.5 (4.4)

where

W specimen width
c sound velocity
E Young's modulus
B specimen thickness
Cs specimen compliance

which yields a value of 33 µs for the Charpy V-notch specimen. Thus, the 3τ criterion
requires a test duration of 100 µs. Our own series of impact tests conducted at T = −90◦C
yielded a minimum duration of about 55 µs. Following the 3τ criterion, a large number of test
results would need to be rejected.

Nakamura et al. (1989) conducted a dynamic 3-D FEM computation of an impact bend
specimen (of di�erent geometry than the Charpy specimen). They concluded that the �elds
have stabilized at a time when kinetic energy equals less than 20% of the total stress work.
In our case, an attenuation of kinetic energy below 20% of the total strain energy occurs at
the end of the �rst period of oscillations in the case of elastic-viscoplastic material behaviour
(�gure 4.21), i.e. at 26 µs (rigid machine). The extreme case of purely elastic material requires
3 oscillations, which meets the 3τ criterion. On the other hand, the criterion established by
Böhme (1990) predicts a transition time of only 15 µs. Our own computations indicate a time
in the same order of magnitude needed for attenuation of stress oscillations below 10%. The
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exact value of the transition time depends on machine sti�ness, and on temperature. In most
cases, one period of experimental oscillations can probably be considered more than enough for
the local �elds to stabilize. This criterion should also ful�ll the kinetic energy criterion, under
identical circumstances. As already mentioned above, the minimum test duration encountered
in our test series run at T = −90◦C was 55 µs. This value signi�es about one and a half load
oscillations. Following the foregoing discussion, the entire set of these tests is considered valid.
Equally, quasistatic computation is considered as su�cient, in this time range. However, this
conclusion is of course dependent on the de�nition of a transition time. A less `subjective'
de�nition of a transition time can be obtained by application of the Beremin model. It will be
presented in the next chapter.

Modal analysis con�rmed the identi�cation of the origin of the oscillations as beam vi-
bration of the specimen resulting from its interaction with the `elastic' striker, a phenomenon
which has already been speci�ed through di�erent mass-spring analyses and beam solutions,
e.g. by Sahraoui and Gillaizeau (1989); Marur (1996). It was found that amplitude and fre-
quency of the apparent oscillations on the load-displacement record are greatly in�uenced by
the sti�ness of the experimental device (i.e. machine compliance).

It has been proposed (Iyer and Miclot, 1973) that the machine compliance needs to be
known, in order to apply a displacement correction to load-de�ection curves of the Charpy test.
These authors suggest a direct measurement of CM by determing the initial (globally elastic
slope) of the load-displacement curve. However, in this stage of the test, inertial oscillations
make an exact measurement nearly impossible. Ireland (1973) indicates that typical values
for CM measured by low blow test range from 0.86 to 1.14 10−8 m/N, which is in the same
order of magnitude as the specimen compliance. Obviously, a displacement correction would
seem necessary. However, it can be assumed that these values largely overestimate the true
machine compliance. Two reasons can be put forward. Firstly, as already mentioned, analytical
computation of the specimen compliance underestimates its true value, and consequently leads
to an overestimation of the machine compliance (eq. 3.12). Secondly, the low blow test yields
a higher value of the compliance than the evaluation of full blow tests in terms of the period
of apparent oscillations.

Both analytical and numerical computation of the compliance of two di�erent ISO strikers
yielded values in the order of 0.17 10−8 m/N. Inserting this result for the spring in case 4
(�gure 4.15) results in a period of 40 µs, which is practically identical to the experimentally
observed period of specimens tested on machines `A' and `C' (load records not reported). The
longer period occurring on machine `B' could be due to a poor �xation of the striker to the
hammer, whereas the source for the long inertial periods of machine `D' (load records not
reported) seems to results from a di�erent striker construction (not machined according to
ISO standards (AFNOR, 1990)). The striker `D' is hollow, apparently in order to increase
its compliance (higher strain gage output). We propose that the major source of machine
compliance of a Charpy impact tester is basically the compliance of the striker. Based on
modal analysis and �t of the spring compliance in order to deliver the experimental period
of oscillations, much lower values of machine compliance are found than by low blow testing
(table 4.2). The reason could lie in some assumptions made for deriving the low blow test
formula (eq. 3.13). Low machine compliance values would make a correction to the specimen
de�ection unnecessary, even for small displacements.
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4.5.6 Conclusions

It has been shown that numerical modeling of the Charpy impact tests yields quite reasonable
results. Fully dynamic analysis can well explain apparent oscillations on experimentally ob-
tained load-displacement records. Inertial �uctuations of stresses in the notch region dampen
out quickly. Local stresses in 2-D plane strain analysis were found to follow those in the center
plane of the specimen in 3-D analysis.

It can be concluded that, for the material and a temperature of −90◦C considered, a 2-D
plane strain quasistatic evaluation procedure can be employed, in order to apply a local cleav-
age fracture criterion. Towards lower temperature, the experimental test duration decreases,
and strong inertial e�ects necessite a dynamic approach. Increasing material toughness with
higher temperature causes ductile crack initiation to occur before cleavage, which can be more
precisely simulated with a 3-D model.

The �ndings are consistent with the results of the bibliographic study, except for two as-
pects presented in relatively early papers on intrumented Charpy impact testing: The so-called
`3τ criterion' seems too conservative as a validity limit for quasistatic evaluation, and machine
compliance seems to have been overestimated as well. The validity of these assumptions needs
to be veri�ed in practical application (chapter 5).

4.6 The Charpy Impact Test�Incorporation of Ductile Crack

Initiation

4.6.1 Mesh Design

The mesh designs employed for ductile crack growth simulation by means of the GTN model
are basically derived from those already presented in section 4.5.2. However, the most impor-
tant modi�cation is the use of a constant element size of 100 µm in the ligament from the
notch root inwards, in order to allow for constant ductile crack growth over a length of 2 mm.
The 3-D version of the mesh is shown in �gure 4.32. Selectiveley integrated elements (C3D8
in 3-D and CPE4 in 2-D) were used, since reduced-integration elements showed excessive de-
formation after failure. Still numerical convergence was improved by the removal of elements
that had failed. The number of elements in 3-D is 13260, which demands important hardware
resources for computing.

4.6.2 Global Response

Three di�erent computations are presented in �gure 4.33. The following material laws are
compared: GTN material, Gurson material (thus without void growth acceleration due to
void coalescence), and dense material. Up to a de�ection of about 1.3 mm, the load curves are
identical. Thus, computation with either of these materials is convenient, In order to describe
the global behaviour of a specimen, as long as no signi�cant ductile crack growth occurs (in
our case, the CVN tests conducted at T = −90 ◦C). Then, however, crack growth sets in in
the GTN material and lowers the load that is carried by the specimen. An excellent �t with
the experimental load record is obtained. The `standard' Gurson material yields a response
that is practically identical to the dense material.

Further comparisons involve 2-D and 3-D computations at all temperatures considered,
that are presented in appendix A.5, together with the entire set of experimental test records
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Figure 4.32: Mesh design used for 3-D ductile crack-growth analysis of the CVN specimen.
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Figure 4.33: Comparison of di�erent numerical models (3-D). Global response. T = −60 ◦C.
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obtained on impact tester `A'. The 2-D plane strain analyses initially overpredict the load.
Subsequently, crack growth sets in and advances too rapidly, so that the load drops too quickly
(�gure A.14). The 3-D analyses �ts the experimental curves very well. Energy analysis yields
also a satisfying veri�cation of the numerical models. For instance, the test result with the
highest value of impact energy is 92 J (dial energy), compared to 88 J found in computation.

It shall be underlined that the mesh size that allows for accurate modeling of the ductile
crack growth rate (length parameter a in the GTN model) is identical for both the CVN and
the CT specimens.

4.6.3 Local Response

Again we focus on the distribution of the maximum principal stress in the ligament ahead of
the notch root (or crack tip), since the value of this variable is crucial for the cleavage fracture
model employed. The �rst comparison is presented in �gure 4.34 and illustrates how the stress
distribution evolves in the course of loading, for the GTN and dense materials. Initially, at a
de�ection that is roughly corresponding to the load at general yield, both solutions are identical
(top of the �gure 4.34). In the subsequent load step ductile crack initiation is about to occur.
Still there is almost no di�erence in the stress distribution between the two computations,
except for the notch root region. 5 Notably, the peak stress levels are still identical. Thus we
can con�rm that no di�erence between these two material laws can be expected, for modeling
`pure' cleavage. The situation changes drastically, once substantial ductile crack growth has
occured (bottom of �gure 4.34). Not only the location of the stress peak has been shifted due
to the crack advance, also the stress level is increased from 2000 MPa in the dense material
to 2400 MPa in the GTN material. This di�erence can be expected to be also re�ected in
applications of the Beremin model.

The confrontation between 2-D and 3-D computations (GTN material) is presented in
�gure 4.35, again for three load levels. At the load of general yield, the results are fairly similar.
In the next load step shown, ductile damage has occured faster in the 2-D computation, and
the stress distributions deviate slightly. Finally, crack growth is faster in the 2-D model, as
to be seen at the bottom of the �gure. However, it seems somewhat surprising that the peak
stress is slightly higher in the 3-D model.

Apart from these `numerical' considerations, compare the computed stress distributions
also to the experimentally identi�ed locations of cleavage initiation (section 3.4). The shift
of cleavage initiation sites away from the notch root with increasing load that was found in
experience (�gure 3.33) is well explained by the evolution of the maximum peak stress shown
in �gure 4.35.

The following �gures 4.36 and 4.37 present contour plots that illustrate the lateral dis-
tribution of the maximum principal stress, in the ligament ahead of the notch 6 (i.e. where
cleavage fracture is initiated). The results shown have been obtained with the GTN model.
Note the lateral contraction of the specimen that is increasing from the �rst to the last load
step.

The �rst load step shown corresponds again approximately to the limit load. The stress

5Note that not the longitudinal stress but the largest principal stress is plotted in �gure 4.34. This explains
the seemingly bizarre stress drop in the ligament at a distance of approximately 3 mm in the center of the
�gure, which corresponds to a change of orientation of σ1.

6The contour levels shown are equal throughout these plots. However, the minimum and maximum values
di�er, according to the values occuring in each of the load steps.
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Figure 4.34: 3-D Computation of the CVN specimen. Comparison of GTN and dense material,
for three displacement values 0.25 mm (top), 1.25 mm (center), 2.75 mm (bottom). T =
−60 ◦C.
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Figure 4.35: Comparison of 2-D and 3-D computation of the CVN specimen, for three dis-
placement values 0.25 mm (top), 1.25 mm (center), 3.25 mm (bottom). T = −30 ◦C.
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Figure 4.36: Contour plot of the largest principal stress. T = −30 ◦C. Top: Displacement =
0.25 mm (roughly corresponding to the displacement at limit load). Bottom: Displacement
= 1.25 mm.
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Figure 4.37: Contour plot of the largest principal stress. T = −30 ◦C. Top: Displacement =
3.25 mm. Bottom: Displacement = 5 mm. Note that most of the failed elements have been
removed in order to prevent excessive distorsion.
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distribution is still fairly homogeneous across the specimen width, which makes understandable
why cleavage initiation sites that were identi�ed in fractography are also found over a large
portion of the specimen width (section 3.4.3). In the following load step, shortly prior to
ductile crack initiation, the highly stressed region is more con�ned to the specimen center,
which again �ts the fractographic results (see e.g. �gure 3.32). 7

In the next stage (top of �gure 4.37) a large amount of ductile crack advance has already
occured. Note that elements that have failed loose their sti�ness, so that they deform in
uncontrolled manner. This is why the elements that had failed up to this load step were
removed before the analysis was continued, in order to prevent the occurrence of numerical
problems. Consequently these elements are missing in the last load step shown (bottom of
�gure 4.37). Here, the maximum stress zone has already moved inwards from �nely meshed
region. The much coarser mesh is not capable of resolving the stress gradients with the same
precision, and thus the stress level is found to be lower as compared to the foregoing load step.

Finally, �gure 4.38 allows a more precise look on the crack front, for the same load step.
Compared to an actual crack front (�gure 3.27 in section 3.4), the following remarks can
be made: First of all, the fairly irregular shape of the ductile crack front is of course not
modelled, and neither are the secondary cracks. Furthermore, the shear lips are underestimated
in computation. Finally, the length of the ductile crack seems overestimated in computation.

4.6.4 Conclusions

As long as no signi�cant amount of ductile crack growth occurs, the GTN and dense materials
yield a practically identical response both for the global load and local stresses. Thus both
material models can be considered equivalent for modeling `pure' cleavage fracture. Ductile
crack growth is very well modelled with the GTN model in 3-D analysis. It induces a signi�cant
increase of the maximum principal stress, as compared to the computation with a dense
material. Thus proper modeling of cleavage fracture in the transition region is only possible if
ductile crack growth is correctly modelled.

4.7 Summary

All specimen types have been modelled with �nite element analysis, by means of a
FEM program. Most analyses have been carried out with the GTN model, that was
implemented as a user subroutine. When no ductile crack initiation occurs, results
are identical to those obtained with a `dense' material. The simulation of smooth
tensile specimens permitted to identify the critical void volume fraction parameter
fc. The characteristic length parameter a, which is equivalent to the mesh size in
the current analyses, was determined by simulation of compact tension specimens.
The same mesh size turned out appropriate for Charpy modeling.

Generally, an excellent agreement beween numerical and experimental global re-
sponse curves was obtained, by employing the rate dependent material law whose
parameters where determined from tensile and from compressive tests (see pre-
ceding chapter). However, a good �t of the CT tests could only be achieved by a
rate-independent material law formulation. Further investigation would be neces-
sary in order to study the rate-dependence of the material. A better �t between
computation and experience could also be obtained by parameter identi�cation on
the entire range of specimens types.

The analysis of the maximum principal stress occurring in the specimens was con-
ducted in order to prepare the application of the Beremin model. The strong stress

7Further confrontation of fractographic evidence and numerical analysis will be presented in section 5.1.
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Figure 4.38: Contour plot of the ductile crack advance. T = −30 ◦C. Displacement = 5 mm.
Note that most of the failed elements have been removed in order to prevent excessive distor-
sion.

gradient ahead of the crack tip in the CT specimen seems to be well resolved even
with relatively large element size. The simulation of ductile crack growth via the
GTN model modi�es the stress distribution drastically, which implies that proper
cleavage fracture modelling necessites crack growth to be taken into account.

Simulation of the Charpy impact test was conducted with particular e�ort. Apart
from quasistatic computations, also transient dynamic as well as modal analyses
were carried out. The dynamic nature of the apparent load oscillations was studied.
It could be attributed to specimen vibration, in interaction with the striker. The
compliance of Charpy testing machine seems basically due to the relatively low
sti�ness, necessary for load measuring, of the striker. Criteria for de�ning the
validity limit for a quasistatic analysis were studied. They are based on di�erent
de�nitions of a transition time from dynamic to quasistatic conditions. Currently
accepted criteria might be too conservative. Cleavage fracture modelling can yield
a validity criterion that does not necessite an assumption on the transition time.





Chapter 5

Numerical Modeling: Cleavage

Fracture

5.1 The Failure Locus

The numerical analyses were used to compute the values of local variables, notably the value
of the maximum principal stress, at the assumed cleavage initiation sites, which had been
identi�ed by fractography (section 3.4). Thus it can be veri�ed in how far fracture obeys a
critical tensile stress criterion, or whether other variables are susceptible to induce cleavage
fracture. All specimen types were modelled by the procedures that had been found to be most
appropriate (chapter 4), in 3-D in the case of the CVN and CT specimens, else in 2-D. The
GTN model was used as material input, which allowed a good description of ductile crack
initiation and growth. Thus the modi�cation of the stress and strains �elds by crack advance
was taken into account. For all specimen types the rate dependent form of the GTN model
was used, except for the CT specimen (rate independent computation, see section 4.4). Inertia
was neglected for Charpy modeling, whereas adiabatic heating was taken into account.

For each identi�ed cleavage initiation site, the instant of failure t is known, as well as the
in-plane coordinates x and y (r in the case of axisymmetric specimens). Those informations
allow to associate each failure site with a speci�c �nite element in the corresponding FEM
model. The deformation of the specimen, which induces a mesh distorsion, has of course to
be taken into account, as well as the evolution of variables with time. In the following, the
results are presented and discussed.

Figure 5.1 shows the local maximum principal stress at cleavage initiation, as a function of
the equivalent plastic strain. In the Beremin model, plastic strain is assumed to be a necessary
precursor for cleavage initiation. Actually it is found that εeq > 0 at all failure locations, which
means that this very general assumption of the model is veri�ed. However, the values cover
a very large interval, stretching from as low as 0.1 % to almost 50 %. Thus it does not seem
meaningful to impose a plastic strain threshold superior to zero in the Beremin model. The
stress values are also subject to a large scatter. Values range from 1200 MPa to twice as
much, i.e. 2400 MPa. Leaving scarce points apart, the interval stretches still from 1400 MPa
to 2300 MPa.

The `failure locus' is somewhat di�erent for each type of specimen, according to the stress
and strain �elds that are characteristic for each geometry. The largest strain values are found
in the NT4 specimen (tested at T = −90 ◦C). Stresses are distributed almost homogeneously
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Figure 5.1: Local value of the cleavage stress vs. equivalent plastic strain for the entire set of
specimens analysed in fractography.

over the notch section (see �gure 4.4), and increasing specimen elongation induces only a weak
stress increase. This situation yields a low scatter of the fracture stress.

However, this picture is somewhat misleading. On one hand, stresses are slightly lowered
by using the GTN model, as compared to dense material (�gure 4.4). The stress value given
by the GTN model is an average over the `composite' material consisting of matrix plus voids.
The actual `microscopic' stress in the matrix alone is not de�ned in the GTN model (except
for the equivalent stress), but is of course higher than the averaged `mesoscopic' value.

On the other hand, the presence of a relatively large crack-like defect, as it had been
identi�ed by Renevey (1997) on the failure locations in the NT4 specimens (section 3.4.1), is
not captured by the current GTN analysis of this specimen type. As can be seen from �gure 4.4,
the presence of a crack raises the maximum principal stress by some 200 MPa, as compared to
non-cracked material. It can be assumed that this stress peak is the actual source of cleavage
initiation. The instant of cleavage initiation is thus determined by the occurrence of a ductile
crack. Ductile fracture is a stochastic process, due to the heterogeneous microstructure of
the material (clusters of inclusions). The experimental scatter in cleavage initiation time (or
displacement) is a direct result of stochastic ductile crack initiation. However, a deterministic
ductile fracture model, as used in the current analysis, of course induces ductile crack initiation
at a distinct instant. This would mean that cleavage fracture would be induced at a distinct
point in the loading history, if it is assumed to be triggered by a critical size of the ductile
crack (which is experimentally indicated).

It is di�cult to see clear tendencies on the in�uence of plastic strain on the cleavage stress,
except that the highest stresses occur at intermediate levels of strain. Figure 5.1 does not show
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Figure 5.2: Local values of the cleavage stress vs. stress triaxiality σh/σeq for the entire set of
specimens analysed in fractography.

the evolution of stress with time. For some points the stress variation with time at the point
of crack initiation was studied. It was found that fracture can be also be triggered when the
local stress has already passed by a maximum (dσ1/dt < 0), which is in accordance with the
analysis by Bernauer (1997).

Figure 5.2 shows a plot of the local cleavage stress versus the stress triaxiality. Especially
for cracked specimens (CT, CVN tested at T = −30◦C), the stress rise induced by increas-
ing triaxiality can be clearly depicted. Triaxiality is increased in CVN specimens by ductile
crack initiation. Whereas it would be expected that stresses are lowered in specimens tested at
higher temperature (−60◦C, −30◦C), due to the decrease of the yield stress with temperature,
they are in fact raised, as an e�ect of triaxiality that is increased by ductile crack initiation.
Thus is a similar situation is found, as compared to the smoothly notched NT4 specimens.
However, whereas a little amount of ductile crack growth 1 induces immediate unstable cleav-
age fracture in the latter specimen geometry, ductile crack growth is much more stable in the
CVN specimens, which is of course an e�ect of geometry. The ligament is loaded rather ho-
mogeneously in the NT4 specimens (see �gure 4.4), whereas an important gradient is present
in the ligament of the CVN specimens (e.g. �gures 4.34 and 4.35).

Some cut-o� in the σ1 vs. σh/σeq space can be de�ned, that stretches roughly from a stress
of 1500 MPa at σh/σeq = 0.7 to 2400 MPa at σh/σeq = 2. Stress triaxiality remains almost
constant with time in the NT2 specimens. Triaxiality is of course lowest for the (smoothly
notched) NT4 specimens, and highest for the (deeply cracked) CT specimens. For the latter
specimen geometry, stresses would be higher by some 200 MPa, if a rate dependent materal

1which is not modelled in this specimen geometry, as discussed above.
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Figure 5.3: Stress triaxiality σh/σeq vs. equivalent plastic strain for the entire set of specimens
analysed in fractography.

law were used (�gure 4.10). The high strain rate occurring in Charpy testing induces of course
much higher stresses than in the CT specimens, for identical values of triaxiality.

Figure 5.3 presenting triaxiality vs. plastic strain bears some resemblance with a ductility
curve. However, recall that triaxiality is much higher in the NT4 specimen than shown in the
�gure, due to the existence of a crack. Furthermore, one must not forget that a minimum mesh
size of 100 µm was employed of FEM modeling, which strongly limits the amount of plastic
strain in crack situations. Plastic strain could be found higher with a �ne mesh (blunted crack
tip design).

The presentation of results of di�erent specimen geometry makes comparison di�cult.
The following two �gures show only results of CVN specimens, tested at three temperatures.
Figure 5.4 is an excerpt of �gure 5.1, i.e. stress vs. plastic strain. Still no clear in�uence of
plastic strain on the cleavage stress can be depicted.

However, �gure 5.5 shows an almost linear increase of the cleavage stress with temperature.
This is remarkable in so far as the �ow stress drops with temperature. The increase can be
explained by the increase of triaxiality due to ductile crack initiation and growth (�gure 5.2),
as discussed above.

As already mentioned, the computation does not model the actual ductile crack front, but
some average. This raises the question, in how far the computed values are reliable. Di�erent
sources of error have to be considered. First of all, the fractographic identi�cation of some of
the sites might be erroneous. This may notably be the case if multiple sites are present, and
an assumption had to be taken on the de�nition of the `principal' site.

Furthermore, for simplicity, only the in-plane coordinates of failure sites have been consid-



5.1. THE FAILURE LOCUS 115

1400

1600

1800

2000

2200

2400

0 5 10 15 20 25

σ1 [MPa]

σeq [%]

CVN -90 ◦C +

+
+

+ + + +

+

+
+

+

+

+

+ +
+

+

+

+

+

++
+

+ +
+

+ +
+

CVN -60 ◦C ×

×
×

× ×
××

×
×

×
××

×
× ××

×

×

××
×
×

×

×
×

×

CVN -30 ◦C ?

?

?

?

?
?

? ??

?

?

?
?

?

?

?

?

?

?

?

?

?

?

?

Figure 5.4: Local value of the cleavage stress vs. equivalent plastic strain. Excerpt of �gure 5.1
showing only results of the Charpy specimens.
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ered, i.e. all points are `projected' into the `nominal' crack plane. However, the crack initiation
sites were found to be close to this plane (whereas the actual crack path may deviate further),
and stresses do not drop quickly towards out of the plane, as can be seen in �gures 4.29, 4.36
and 4.37 presenting contour plots. Thus the resulting errors are limited.

Discretization errors both in space and time have to be considered as well. Values are
computed in the �nite element where the initiation point is situated, i.e. in a volume that equals
(100µm)3 minimum. Some elements are much larger, which may increase the error further. No
interpolation in space has been carried out (values are the average over all integration points
of one element), nor in time (i.e. the increment of computation that is closest to the instant
of failure is evaluated). Finally, as already mentioned, the computed ductile crack advance
evidently does not model the speci�c situation in each single specimen.

The magnitude of these errors depends on the gradients. Figures 4.34 and 4.35 show
that stress gradients can be extremely high, in the order of 1000 MPa per 100µm. Thus,
as a consequence of the fact that the ductile crack advance in the model does not re�ect the
situation in a speci�c specimen, the pathologic case may arise that an element that has already
failed is identi�ed to contain the cleavage initiation site. This was actually the case in three
CVN specimens (tested at −30 ◦C), where f had already reached ff , and zero stresses were
found. Another problem is the coarsely meshed zone in the ligament starting at a distance of
2 mm from the notch root. The stresses reported at failure locations that are situated in this
region are also underestimated, since the resolution of stress gradients is not su�cient (three
points in the CVN specimens tested at −30 ◦C, see also the contour plots in �gure 4.37). We
conclude that actual failure stresses in this specimen are rather under- than overestimated at
T = −30 ◦C, which con�rms the statement of a stress increase with temperature (�gure 5.5).
For most of the other sites, over the entire set of specimens, the discretization error should be
below ±50 MPa, although it may be higher in some cases.

5.2 Application of the Beremin Model

5.2.1 General Methodology

The two parameters m and σu of the Beremin model have to be determined. The `true' values of
both parameters are (and remain) unknown. 2 They must be estimated with the highest degree
of precision (con�dence) that is achievable. The traditional method is the linear regression
method, which is a special case of the least squares method. Taking the logarithm of eq. 2.15
yields a linear relation of the form

ln[ln
(

1
1 − PF

)
] = m ln σ − m ln σu + ln

V

V0
(5.1)

Di�erent estimators PF for assigning a probability of failure to a specimen have been
proposed. The two most commonly used ones are PF = n−0.5

N or PF = n
N+1 . If eq. 2.16 is

used instead of eq. 2.15 (what usually is the case), an iterative procedure is necessary, since σW

depends on m. Statistical evaluation needs a large number of specimens. Khalili and Kromp
(1991) have shown that estimating the Weibull parameters out of a sample of 30 specimens
yields a 90% con�dence interval of 0.741mtrue < m < 1.308mtrue in use of the linear regression
method (PF = (n − 0.5)/N).

2An in�nite number of specimens would be needed to be tested, in order to evaluate the `true' values.
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Table 5.1: Values of the ranking parameter `displacement' for each specimen type.

Specimen T [◦C] N (number of specimens) ranking interval [mm]
NT2 -150 35 0.09�0.59
NT4 -90 20 0.56�1.24
CVN -90 28 0.28�1.01
CVN -60 27 0.44�2.65
CVN -30 27 0.81�5.01
CT -90 24 0.19�0.80

The narrowest 90% con�dence interval is given by adopting the maximum likelihood method
with 0.823mtrue < m < 1.335mtrue (for N = 30). The probability that for an estimated
set of Weibull parameters, the experimental data would have occured, should be maximized.
The choice of the maximum likelihood method has also been recommended by ESIS (1997).
m and σu have to be determined iteratively (Khalili and Kromp, 1991; ESIS, 1997). No
choice of an estimator PF needs to be taken for employing the method, but for the graphical
representation of experimental occurrences. As can be seen from the above given con�dence
intervals, m is strongly biased towards large values. Thus a `bias' correction is needed for m.
After unbiasing, m is denoted munb. However, since unbiasing was generally accomplished, the
unbiased parameter is denominated just m in the following, and not munb, for simplicity and
clarity. Formulas and tables for computing both con�dence intervals and bias correction can
be found in Thoman et al. (1969); ESIS (1997). The recommendations of ESIS (1997) have
been followed for the development of a post-processor for determining the Weibull statistics
parameters m and σu from an FEM computation and a test results �le. In contrast to the
post-processor for evaluating the values of mechanical variables at the cleavage initiation sites,
experimental failure probability is computed by interpolation between numerical increments.

One question arises about the choice of a parameter for ranking the specimens (with in-
creasing probability of fracture). For fracture mechanics specimens, the evident choice seems
the crack tip loading parameter (K or J-integral). In analogy, CVN specimens could be ranked
with increasing CVN energy (or strain energy). Other possibilities are the load or displace-
ment. For convenience, for all specimen types the displacement was chosen, mainly because it
is a monotonically increasing parameter, and allows to discriminate the test data quite well.
`Displacement' means `reduction of diameter' in the case of the tensile specimens, `loadline
displacement' for the CT specimens, and `de�ection' for the Charpy specimens. Table 5.1 lists
the intervals of the ranking parameter `displacement' for each specimen type.

5.2.2 Preliminary Studies

Preliminary studies were conducted in order to de�ne appropriate procedures and models
concerning notably the following points:

• in�uence of the material model (dense, porous, GTN);

• plane strain 2-D or 3-D model;

• mesh size in stress gradients;
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• inertia and adiabatic heating (Charpy specimen);

• de�nition of σ1 with time.

The latter point needs some explanation. When the Beremin model was developed, ap-
plication was mainly proposed to notched tensile specimens, which are basically subjected
to a monotonically increasing load. However, in an elastic-plastic material (e.g. steel), local
unloading may occur, even for globally increasing load, especially in cracked specimen con�g-
urations, and notably when ductile crack growth occurs. The question arises whether σ1 in
equation 2.17 has to be taken as the current (momentary) value, or as the maximum value
the volume element under consideration has experienced in loading history. This problem was
�rst evoked by Bakker and Koers (1991), who took position in favour of the maximum value.
From mathematics it seems clear that only the maximum value of σ1 with time makes sense,
since equation 2.16 expresses the `cumulative' probability of failure. Taking the current value
of σ1, which may decrease, the `cumulative' probability of failure could be found to decrease
as well.

Currently this point is still discussed in the scienti�c community. Bernauer (1997) equally
defends the principle of accumulation (maximum value of σ1 with time), whereas Ruggieri and
Dodds, Jr. (1996); Xia and Shih (1996a); Xia and Cheng (1997) present results obtained with
both approaches, without taking position.

Table 5.2 shows the in�uence of the material model on the Weibull parameters in the case
of the NT4 specimen (see �gures 4.3 and 4.4). The product σuV

1/m
0 is included for better

comparison, since V0 and σu are interdependent. The softening e�ect of the GTN model, as
compared to dense material, induces a weaker stress increase with time (see also the study of
cleavage sites, �gure 5.1), and thus a smaller scatter, resulting in a higher value for m. The
discrete crack solution shows equally only a weak scatter, since the crack is induced at one
distinct instant. However, in the real material, ductile crack initiation is subject to a large
scatter. Still it can be noticed that the stress peak induced by the crack (�gure 4.4) yields a

higher σu (σuV
1/m
0 ).

A study of the in�uence of the mesh design on the crack tip �elds has been presented
in section 4.4.3. The corresponding Weibull plots are shown in �gure 5.6, the values of the
Weibull parameters in table 5.3. The mesh size plays the role of the `characteristic distance'
over which the mechanical variables are averaged. It is consequent to identify the size of V0 with
the minimum mesh size. 3 For reasons of comparability the results presented in �gure 5.6 and
table 5.3 have been computed with an identical V0 of (100µm)3. The `true' σu corresponding

to a di�erent V0 can be easily found from σuV
1/m
0 .

It seems that some `local minimum' of σu and σuV
1/m
0 exists for an intermediate mesh size

(50 and 100 µm). Both the �ne blunted crack tip and coarse mesh designs yield higher values.
However, the 50 µm mesh has to be ruled out in application, since it induces ductile crack
initiation prematurely. The Weibull parameters computed with the 100 µm mesh, at T =
−90 ◦C, were found to cover closely with those identi�ed on other specimen geometries (see
next section). This indicates that actually the Weibull parameter V0 equals some (100µm)3,
at this temperature. As already mentioned, an identical characteristic distance was identi�ed
for the GTN model, which may be by coincidence, or be related to the microstructure of the
material (inclusions).

3The suggestion to identify V0 by comparative studies on fracture mechanics specimens goes back to Mudry
(1987).
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Figure 5.6: Weibull plots for di�erent 2-D models of the CT specimen. In�uence of the element
size. Computation with the GTN model, except for the 3 µm mesh size (dense material).
T = −90 ◦C.
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Figure 5.7: Weibull plots for di�erent 2-D models of the CT specimen. Computation with
100 µm mesh size. T = −90 ◦C.
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Table 5.2: In�uence of the material model on the Weibull parameters. Notched tensile specimen
NT4, T = −90 ◦C. V0 = (100µm)3. Maximum value of σ1 with time.

Material model m σu [MPa] σuV
1/m
0

GTN material 59.0 1918 1706
Dense material 34.2 2169 1772

Dense material with crack 51.0 2182 1906

Table 5.3: In�uence of mesh design and material on the Weibull parameters. CT specimen,
T = −90 ◦C. V0 = (100µm)3. Maximum value of σ1 with time.

Mesh size [µm] Material m σu [MPa] σuV
1/m
0

3 dense 10.9 4089 2174
50 GTN 16.6 3120 2059
100 GTN 16.1 3254 2120

100, 3-D GTN 16.5 3115 2052
100, reduced integration GTN 16.4 3190 2092

100 dense 15.3 3404 2165
100 GTN, rate dependent 13.5 4070 2439
200 GTN 10.0 5238 2621

The results of the study on the in�uence of the material on the Weibull parameters are
shown in �gure 5.7 and table 5.3. The in�uence of reduced integration, as compared to selec-
tive integration, is also shown, and found to be very weak (which is to be expected). Dense
material, as compared to GTN material, yields slightly di�erent stresses ahead of the crack tip
(�gure 4.10, and consequently also Weibull parameters that are not strictly identical. However,
the di�erence is not important. What is important, as can already been anticipated from �g-
ure 4.10, is the in�uence of rate dependence on the Weibull parameters. As already discussed,
further analyses of the CT specimen were carried out with a rate independent material law
formulation, in order to describe the load vs. displacement curve reasonably well. The poten-
tial error that is induced by this decision on the values of the Weibull parameters is large.
Further analysis of the material's viscosity is necessary in order to gain insight on the correct
description of rate sensitivity at low strain rate.

The material in�uence has also been studied in the Charpy specimen. Figure 5.8 and
table 5.4 present results of 3-D modeling of CVN tests run at T = −60 ◦C. Recall the global
and local response presented in chapter 4 (�gures 4.33 and 4.34). In this specimen type,
ductile crack initiation and growth occurs, which signi�cantly modi�es the local stresses. Not
surprisingly, the Weibull stress is also a�ected. In �gure 5.8 it can be clearly seen how the
Weibull stress is raised from a certain point (i.e. crack initiation) onwards. Note that the
parameter m was imposed identical for the cases shown for representation. Dense material
and Gurson material yield practically no di�erence, since the void volume fraction f is low in
general, notably also at the location of the stress maximum, which is at some distance from
the notch root (where f is highest, but stresses are lower), see �gure 4.34.
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Figure 5.8: Evolution of the Weibull stress in the CVN specimen (3-D computation). Com-
parison of di�erent materials. m = 20 imposed. T = −60 ◦C. Top: Current value of σ1 with
time. Bottom: Maximum value of σ1 with time.
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Table 5.4: In�uence of the material on the Weibull parameters. CVN specimen, 3-D, T =
−60 ◦C. V0 = (100µm)3.

Material Current value of σ1 with time. Maximum value of σ1 with time.

m σu [MPa] σuV
1/m
0 m σu [MPa] σuV

1/m
0

GTN 14.2 3411 2096 13.1 3994 2359
Gurson 48.4 2206 1923 30.1 2530 2011
Dense 51.3 2185 1910 30.5 2519 2008

The in�uence of theWeibull stress `updating algorithm' can also clearly be depicted. Taking
the maximum value of σ1 with time yields a steeper increase of σW , and thus a larger scatter
(smaller m), as compared to the current value. A �at evolution of σW means that the failure
probability increases only weakly with increasing de�ection; a decrease of σW would indicate a
diminuation of the `accumulated' probability of failure, which does not make sense. Note that
some di�erence in the evolution of σW occurs between the two algorithms (top and bottom of
�gure 5.8) even at low de�ection (approximately 0.25 mm), which roughly corresponds to the
point of generalized yielding. This is an outcome of local non-monotonic loading in the notch
area, although no ductile crack initiation occurs yet.

The stress �uctuations arising in dynamic computation of the CVN specimen permit also to
demonstrate the e�ect of the Weibull stress updating algorithm. On top of �gure 5.9, the e�ect
of taking the current value of σ1 is shown. The Weibull stress σW is also oscillating. Below,
taking the maximum value of σ1 with time, σW never decreases. Again a steeper increase
of σW is found, as compared to taking the current value of σ1. Compared to quasistatic
computation, i.e. neglecting inertia, practically no di�erence is found. A di�erent evolution
of σW for quasistatic and dynamic computation, e.g. in the beginning of the loading history,
would mean that a transitional time needs to be de�ned giving a validity limit for quasistatic
evaluation (recall the discussion in section 4.5.5). It appears that quasistatic evaluation is
possible, from the very beginning of the test. However, it is important to note that a di�erence
concerning the evolution of σW does arise, if the quasistatic computation passes through the
initial loading phase (up to global yielding) very fast (in a few increments). 4 In this regime,
local stresses evolve quickly. In that case, �ne details in the stress history may get lost, and the
evolution of σW may be underestimated. 5 Thus, in order to improve precision, a maximum
increment size has to be imposed, if fracture occurs early in load history.

Table 5.5 resumes di�erent cases studied in Charpy modeling at T = −90 ◦C. All 2-D
analyses yield values that lie close to each other. That means that taking dynamic e�ects,
ductile damage, and adiabatic heating into account does not play an important role on the
parameters, if a relatively coarse mesh (100 µm) is employed. Mesh re�nement ampli�es the
apparent di�erences. However, since the mesh size has to be seen as a characteristic parameter,
it cannot be freely chosen anyway.

3-D analysis yields somewhat di�erent parameters. This is in contradiction to a previous
comparison (Rossoll et al., 1996), where only a small di�erence between 2-D and 3-D anal-

4The dynamic transitional analysis uses very little increments.
5Large and small increments were found to yield an identical `global' solution, but di�erent Weibull param-

eters.
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Figure 5.9: Evolution of the Weibull stress. Comparison of quasistatic and dynamic compu-
tation. m = 20 imposed. T = −90 ◦C. Top: Current value of σ1 with time. Top: Maximum
value of σ1 with time.
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Table 5.5: In�uence of the computational procedure and material on the Weibull parameters.
CVN specimen, T = −90 ◦C. V0 = (100µm)3. Maximum value of σ1 with time.

Analysis Material m σu [MPa] σuV
1/m
0

2-D, static, adiabatic dense 23.9 2545 1906
2-D, static, isothermal dense 23.3 2578 1927
2-D, static, adiabatic GTN 23.5 2551 1901
3-D, static, adiabatic GTN 16.5 3127 2056

2-D, dynamic, adiabatic GTN 24.5 2528 1907

0

500

1000

1500

2000

2500

3000

3500

0 5 1 0 1 5 2 0 2 5 3 0 3 5 4 0

Mesured energy (J)

W
ei

bu
ll 

st
re

ss
 (

J)

true Weibull stress (MPa)

apparent Weibull stress (MPa)

Figure 5.10: Evolution of the Weibull stress in the Charpy specimen, with/without consid-
eration of the machine compliance (`soft' machine). No crack initiation is considered (dense
material). Current value of σ1 with time. T = −90◦C.

ysis was diagnosed. In this former study, the material law parameter set `I' was used (see
section 3.2.3), and �ner mesh designs. It seems more plausible that the latter point plays a
more important e�ect, and the better agreement found may be coincidental, since the mesh
re�nement was not identical in this former analysis for the 2-D and the 3-D model. It is
concluded that 3-D analysis shall be preferred, even if no ductile crack growth occurs (which
would amplify the di�erence).

Finally, in continuation of the investigation presented in chapter 4.5 on possible implica-
tions of the Charpy testing machine compliance, �gure 5.10 shows the evolution of the Weibull
stress for a `soft' machine (value of CM = 0.7 10−8 m/N determined by low blow test). In
this analysis, the current value of σ1 has been used for computing the Weibull stress, and
V0 = (50 µm)3. However, this is of no importance for this comparison.

σW has been computed with (`true' Weibull stress) and without (`apparent' Weibull stress)
consideration of the in�uence of the machine compliance on the apparent specimen de�ection.
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Table 5.6: Weibull parameters obtained with the current value of σ1. V0 = (100µm)3.

Specimen T [◦C] N m σu [MPa] 90% con�dence 90% con�dence σuV
1/m
0

interval for m interval for σu

NT2 -150 35 19.7 2879 15.6�24.7 2836�2923 2026
NT4 -90 20 60.6 1910 45.0�82.4 1897�1922 1704
CVN -90 28 21.1 2566 16.4�27.2 2526�2607 1848
CVN -60 27 14.2 3411 11.0�18.4 3331�3494 2096
CVN -30 27 15.1 3528 11.7�19.5 3450�3609 2231
CT -90 24 25.2 2372 19.2�33.2 2339�2406 1803

A high value has been assumed for the compliance (CM = 0.7 10−8 m/N, see �gure 4.19).
It can be seen that for very low CVN values some error occurs. However, for an impact
energy of 10 J the error equals only 2.5%, which seems unimportant. Furthermore, as stated
in chapter 4.5, the `true' machine compliance is probably much lower. It is thus probable that
the compliance of a Charpy impact tester can be neglected, except maybe for more brittle
materials.

5.2.3 Results and Discussion

In order to be applicable, the Beremin model should yield identical parameters under any
circumstances, for any specimen geometry and testing temperature. This would allow transfer-
ability of results. Thus the Weibull parameters are identi�ed, independently for each specimen
type and temperature. This is in contrast to a common practice, i.e. to `mix' results obtained on
di�erent specimens types and at di�erent temperatures (Mudry, 1982; Beremin, 1983; Tahar,
1998). The latter procedure is potentially dangerous, since a di�erence of parameters (that
might be found by independent identi�cation for each case) may remain unrevealed.

Only cases where a large number (i.e. a minimum of 20) tests is available where considered.
Else results are not signi�cant (con�dence intervals too large).

Following the results of the foregoing investigations, only analyses with the GTN material
model are presented. The advantage is that the ductile-to-brittle transition is handled natu-
rally, in the way that ductile crack growth is allowed to precede cleavage initiation. Thus the
modi�cation of the stress �elds by ductile crack advance is accounted for. It is understood
that no signi�cant di�erences arise, as compared to analyses with `dense' material, as long as
no ductile crack initiation occurs.

Although we already ruled out the computation of the Weibull stress σW with the current
value of σ1 as not meaningful, �rst the results obtained with this approach shall be presented.
Weibull plots are shown in �gure 5.11, and the values of the Weibull parameters are listed
in table 5.6, together with their corresponding con�dence intervals. Con�dence intervals are
generally much larger for m than for σu. The con�dence intervals for σu are found to overlap
only for two cases: the CVN specimens tested at −60 ◦C and −30 ◦C.

Compared to the values of the Weibull parameters identi�ed here, similar ones have been
found for similar materials in previous studies. Taking V0 = (50µm)3, Beremin (1983) found
m = 22 and values for σu between 1970 MPa and 2800 MPa (for di�erent heats). Tahar (1998)
obtained m = 21 and σu = 2809 MPa.
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Figure 5.11: Weibull plots of the entire set of specimens. Current value of σ1. V0 = (100µm)3.

Figure 5.12 and table 5.7 show Weibull plots and parameters, respectively, that are ob-
tained by taking the maximum of σ1 with time. At �rst hand, the correlation of parameter
sets between di�erent specimens seems worse. However, a closer look shows that the Weibull
plots for the CVN and CT specimens, both tested at −90 ◦C, are practically identical, and the
smoothly notched NT2 specimen (tested at −90 ◦C) yields parameters that are also close (es-

pecially the product σuV
1/m
0 ). The results of the NT2 and NT4 specimens remain practically

unchanged, as compared to the previous analysis taking the current value of σ1 with time,
since these specimen geometries undergo approximately monotonic loading. As already men-
tioned, changes arise for the parameters of the CVN and CT specimens, since local unloading
occurs, even prior to ductile crack initiation.

The explanations why the Weibull parameters deviate between di�erent specimen geome-
tries seem the following: As already discussed, modeling of the NT4 specimen (tested at
−90 ◦C) su�ers from the impossibility to take into account scatter in ductile crack initiation,
following the present approach. However, ductile crack initiation had been found responsible
for cleavage initiation, in this con�guration.

Although leading to inverse e�ects (i.e. lower m and higher σu), it is also the ductile-to-
brittle transition that is reponsible for the change of the Weibull parameters in the Charpy
specimens tested at at −60 ◦C and at −30 ◦C. In section 5.1 it has already been found that
the local cleavage stress 6 increases with temperature. Consequently σu increases as well.
Furthermore, the fractographic study showed that the average size of cleavage initiation sites
increases with temperature. Although no measurements had been carried out, this is clear

6de�ned as the maximum principal stress acting on the locations of the cleavage initiation sites that where
identi�ed by fractographic analysis
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Figure 5.12: Weibull plots of the entire set of specimens. Maximum value of σ1. V0 = (100µm)3.

Table 5.7: Weibull parameters obtained with the maximum value of σ1. V0 = (100µm)3.

Specimen T [◦C] N m σu [MPa] 90% con�dence 90% con�dence σuV
1/m
0

interval for m interval for σu

NT2 -150 35 19.7 2879 15.6�24.7 2836�2923 2026
NT4 -90 20 59.0 1918 43.8�80.2 1905�1931 1706
CVN -90 28 16.5 3127 12.8�21.3 3065�3191 2056
CVN -60 27 13.1 3994 10.2�17.0 3893�4099 2359
CVN -30 27 9.8 5752 7.6�12.7 5558�5956 2842
CT -90 24 16.5 3115 12.6�21.8 3048�3184 2052
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from the nature of sites (clusters of manganese stringers against small inclusions). Similar
observations had also been made by Renevey (1997) on the notched tensile specimens, and
quanti�ed. He found that the average size of sites increased from 0.017 mm2 (corresponding to
an equivalent radius of 75µm), at T = −150 ◦C), to 0.313 mm2 (equivalent radius = 315µm),
at T = −90 ◦C. The increasing size of sites with T would also imply an increase of V0 with
T . Furthermore, since at higher temperature only the larger out of all of potential cleavage
initiation sites (i.e. the `tail' of the distribution) seem capable to trigger cleavage, scatter is
increased, and m is lowered.

In the following, it shall now be assumed that V0 increases with T , and so does σu. Ac-
cording to the evolution of the local cleavage stress that was shown in �gure 5.5, it shall be
assumed, that σu increaases from T = −90 ◦C to T = −60 ◦C by 10 %, and to T = −30 ◦C
by 20 %, i.e. σu is taken 3400 MPa for T = −60 ◦C, and 3700 MPa for T = −30 ◦C. From
σuV

1/m
0 (T ) = const(T ) (values taken from table 5.7), V0 can now be estimated and yields

V0 = (200µm)3 for T = −60 ◦C, and V0 = (420µm)3 for T = −30 ◦C. The latter value is
similar to the unit cell size chosen by Renevey (1997), V0 = (460µm)3, which is based on
quantitative image analysis of the distance between MnS clusters. 7

Of course new analyses with these or similar mesh sizes would now needed to be undertaken,
since the product σuV

1/m
0 depends on the mesh size. However, it can already be stated that

these `new' (albeit provisory) parameters appear much more reasonable. They signify that
both a larger volume element needs to be considered, in order to allow for potential cleavage
sites to be present with non-negligible probability, and a higher stress needs to be applied, in
order to induce cleavage fracture, as compared to tests at lower temperature. It is of course not
de�nitely clear whether this change of parameters is due to the change of temperature, as the
original physical parameter, or due to changes induced by temperature on other parameters
(e.g. strain).

5.2.4 Modi�cations of the Beremin Model

Strain Correction

In the preceding section it is shown that the Weibull parameters are not unique, except
under some restrictions. This observation has also been made previously in other studies. For
instance, a large comparative analysis yielding similar results had already been presented by
Bernauer (1997).

In order to improve the stability of the model, several authors proposed modi�cations.
Already Beremin (1983) proposed a strain-correction, applied to specimens that had been
pre-strained. The formula assumes an increase of the cleavage stress with increasing strain
and reads

σW = m

√∫
Vpl

(σ1)m
dV

V0
exp

(
−mε1

2

)
(5.2)

where ε1 is the strain in the direction of the maximum principal stress σ1. However, applied
to our set of specimens, the Weibull parameters are now found to deviate from each other
even further, as compared to the original formulation. Figure 5.13 and table 5.8 show the
results, here for a weaker strain-correction than originally proposed (exp

(−mε1
4

)
instead of

7Renevey's model will be shortly presented later in this chapter.
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Figure 5.13: Weibull plots of the entire set of specimens. Strain correction according to Beremin
with exp

(−mεeq
4

)
. V0 = (100µm)3.

exp
(−mε1

2

)
). 8 Actually, these results were computed with the equivalent plastic strain εeq

instead of the principal strain ε1. However, preceding studies showed that both approaches are
practically equivalent. It is concluded that this correction does not improve the applicability
of the model.

Porosity Correction�`E�ective' Stress

Another modi�cation of the Beremin model is suggested on the basis of the fractographic
�ndings presented in section 3.4. The change of the (cleavage inducing) defect population
with load history i.e. the impact of ductile damage on cleavage initiation, shall be accounted
for. One possibility would be the introduction of a random distribution of the initial and/or
nucleating porosity fraction in the FEM model. Highly voided cells would fail very early in
the loading history, increasing stresses in their neighbourhood, and thus the Weibull stress
(fracture probability). This approach could be very useful for studying the competition be-
tween cleavage and ductile fracture mechanisms in the ductile-to-brittle transition region, but
appears rather cumbersome in practical application. Other approachs would be the coupling of
`pure' cleavage and ductile fracture probabilities, as proposed by Renevey (1997), or another
model by Renevey (1997), based on the cleavage initiation from clusters of inclusions, which
is presented below.

Finally, another possibility is the introduction of some `e�ective' stress in an approach
similar to continuum damage mechanics. We de�ne an `e�ective' maximum principal stress

8The (stronger) correcting term exp
(
−mε1

2

)
yields even more deviating parameters (results not presented).
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Table 5.8: Weibull parameters obtained with strain correction exp
(−mεeq

4

)
. V0 = (100µm)3.

Specimen T [◦C] N m σu [MPa] 90% con�dence 90% con�dence σuV
1/m
0

interval for m interval for σu

NT2 -150 35 21.8 2680 17.3�27.3 2644�2717 1952
NT4 -90 20 142.1 1641 105.3�192.9 1636�1645 1563
CVN -90 28 22.7 2474 17.7�29.3 2438�2511 1824
CVN -60 27 14.5 3235 11.2�18.8 3235�3390 2054
CVN -30 27 9.9 5415 7.7�12.8 5415�5799 2787
CT -90 24 25.9 2306 19.7�34.1 2306�2371 1790

σeff
1 as the `mesoscopic' maximum principal stress σ1 in the element, modi�ed by a term that

compensates the softening e�ect of the GTN model, and accounts for the stress rise with the
increasing size of defects (voids) with load history. This term could contain the equivalent
plastic strain, the e�ective surface or the volume fraction of voids, or still other variables that
describe ductile damage. Note that the original strain modi�cation as proposed by Beremin
lowers the Weibull stress with strain, whereas the present model leads to an increase. Of course
a more appropriate approach would call for a tensor formulation of this variable, which would
allow to introduce the in�uence of specimen orientation. However, in this approach we have
tested a very simple formulation

σeff
1 = σ1 · (1 + const · f) (5.3)

where const is a parameter to be determined by a �t between di�erent specimen geometries
and/or temperatures, and f the void volume fraction as computed with the GTN model. σeff

1

replaces σ1 in equation 2.17. The magnitude of this correction can be easily estimated. The
critical void volume fraction fc was determined to equal 0.06 in this material. For a higher
value of f coalescence sets in, inducing a rapid stress drop. Taking for instance const = 5
yields thus the maximum value of the `e�ective' stress as superior to the nominal stress by
30 %. The average stress rise is far below, since f is usually much smaller (or exceeds fc).

Di�erent interpretations of the `e�ective' stress can be made. One point is that the stress
tensor in the matrix material is not de�ned in the GTN model. In the matrix, only the
equivalent plastic strain is accessible, whereas the complete stress tensor is de�ned in the
porous material (matrix + voids). Not only has the `e�ective' stress to be greater than the
nominal stress because it is e�ective in a smaller volume of matter, also the stress concentration
due to the void geometry needs to be considered.

It is in this context that cell model computations have been carried out, in order to compare
the Weibull stresses for the following cases: single element cells, made of dense or porous
(GTN) material, and cells containing a discrete void, of spherical or ellipsoidal shape, with
dense matrix material. Similar unit cell computations are usually carried out in order to study
the parameters of the GTN model (see appendix A.6) for void growth and coalescence. Here,
the Beremin model is applied. We focus on the load case that corresponds to the specimen
geometry where cleavage fracture was most strongly in�uenced by ductile damage: the NT4
notched tensile specimen, tested at T = −90 ◦C. From �gure 5.2 we can see that stress
triaxiality in this geometry is close to 1. This value was chosen to be imposed in stress-
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Figure 5.14: Weibull plots of the cell models. V0 = (100µm)3.

controlled loading of the cells. The local failure strain values determined in the NT4 specimen
(�gure 5.1) were used as `experimental' input for application of the Beremin model to the
unit cells. The mesh designs were realized for axisymmetric conditions. The ratio of the long
half axis (in the radial direction) to the short half axis (in the longitudinal direction) of the
ellipsoidal void equals 10. An initial void volume fraction of 0.05% is assumed, as for the GTN
computations of the specimens. However, no void nucleation was considered. Figure 5.14 and
table 5.9 show the Weibull plots and the corresponding parameters obtained.

Whereas the scatter parameter m is hardly varying, some in�uence is found for σu. How-
ever, a discrete spherical void induces only a very moderate rise of σu, as compared to the
fully dense material. This is due to the small volume over which stresses are raised, ahead of
the discrete void, and plasticity, of course. An ellipsoidal void induces a higher stress increase,
although the shape of the void changes with increasing strain (see appendix A.6). As to be

Table 5.9: Weibull parameters obtained in unit cell computations. V0 = (100µm)3.

Case m σu [MPa] σuV
1/m
0

unit cell with spherical void 30.6 2459 1962
unit cell with ellipsoidal void 30.7 2531 2021
single element, dense material 31.0 2431 1945
single element, GTN material 34.1 2350 1919

single element, GTN material, σeff
1 , const = 3 30.8 2435 1946

single element, GTN material, σeff
1 , const = 6 28.1 2524 1984
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Table 5.10: Weibull parameters obtained on di�erent models. Notched tensile specimen NT4,
T = −90 ◦C. V0 = (100µm)3. Maximum value of σ1 with time.

Case m σu [MPa] σuV
1/m
0

GTN material 59.0 1918 1706
Dense material 34.2 2169 1772

GTN material, σeff
1 , const = 1.6 35.2 2165 1779

expected, the GTN material yields a lower value of σu. A stress correction (equation 5.3) with
const = 3 (plot not shown in �gure 5.14) is necessary in order to recover the dense material
solution. A correction constant of 6 �nally yields a solution that lies close to the curve given
by the ellipsoidal void.

This unit cell approach may be useful in order to conduct `basic' research. However, its
practical applicability is limited. Whereas the actual shape of void-like defects can be better
approached than as presented above, and other load cases can be studied, e.g. with 3-D
modeling, a major drawback is the impossibility to introduce the actual size e�ect. As already
mentioned, inclusion clusters give rise to the appearance of macroscopic cracks, whose size is
clearly an important parameter.

Another interpretation of the `e�ective' stress concept is, in the context of �gure 4.4,
that increasing ductile damage raises the probability of ductile crack initiation, and thus of a
macroscopic stress peak. This e�ect cannot be modelled with the current deterministic GTN
approach, without the `e�ective' stress concept.

Table 5.10 shows the e�ect of the `e�ective' stress concept on the Weibull parameters in
the case of the NT4 specimen. A value of 1.6 is necessary for the constant in equation 5.3 in
order to equal the softening e�ect of porosity out, i.e. to recover the parameters of the dense
material (compared to a value of 3 found in unit cell computations). Any higher value of const
contributes to σeff

1 as an e�ect of stress concentration by the presence of voids.
In the following, the `e�ective' stress concept is applied to the entire set of specimens. The

value of the correction parameter const is chosen equal to 7, which �ts the Weibull slope of
the NT4 specimen to the CVN and CT specimens (�gure 5.15 and table 5.11). Compared to
the NT4 specimen, the parameters for the other specimen types are only slightly modi�ed,
since porosity is important only in a small volume of material. Thus the e�ect of the porosity
correction is con�ned to a small volume as well.

Other Modi�cations

Several further modi�cations of the Beremin model have been proposed. For instance, Chen
et al. (1996) introduced additional triaxiality and strain criteria, i.e. minimum values for these
variables. However, their study is based exclusively on pre-cracked specimens, which severely
restricts the transferability of this model. Furthermore, the large range of experimentally found
values for these variables in other specimen geometries (see �rst section of this chapter) does
not make this modi�cation appear physically meaningful.

Xia and Shih (1996b) propose to correct the expression for the Weibull stress (equa-
tion 2.17) by a term that reduces σW by the probability of void nucleation, i.e. under the
hypothesis that cleavage cannot be initiated anymore, if ductile damage has already occurred.
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Figure 5.15: Weibull plots of the entire set of specimens. Correction of the largest principal
strain by the void volume fraction. V0 = (100µm)3.

Table 5.11: Weibull parameters obtained with porosity correction (`e�ective stress'); const = 7.
V0 = (100µm)3.

Specimen T [◦C] N m σu [MPa] 90% con�dence 90% con�dence σuV
1/m
0

interval for m interval for σu

NT2 -150 35 19.2 2940 15.2�24.0 2895�2986 2050
NT4 -90 20 15.5 3256 11.5�21.1 3174�3340 2086
CVN -90 28 16.2 3173 12.6�20.9 3110�3240 2073
CVN -60 27 12.8 4109 9.9�16.6 4003�4220 2398
CVN -30 27 9.8 5796 7.6�12.7 5601�6001 2869
CT -90 24 15.7 3254 11.9�20.6 3181�3330 2093
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Actually this correction would make the Weibull stress evolve slower in the case of the CVN
specimens tested at the temperatures −60 ◦C and −30 ◦C, and probably bring the Weibull
parameters of the di�erent specimens closer together (except for the NT4 specimen, where
the contrary can be expected). However, the idea behind this model is in contradiction with
experimental observation, since ductile damage was found responsible for cleavage initiation
in out study.

Bernauer (1997) tested a similar modi�cation, and actually found the values of σu to lie
in a closer interval (if m is imposed). However, parameters were still not unique. Another
modi�cation, proposed by Bernauer (1997), is based on the increase of microcrack forma-
tion with plastic strain. This model yielded no improvement concerning the transferability of
parameters.

Renevey (1997) proposed another model, that is actually not a modi�cation of the Beremin
model, but bears strong resemblance (e.g. weakest link statistics). It is based on the frac-
tographic observation of the crucial role of manganese sul�des on cleavage fracture, in the
material studied, and reads

PF = 1 − exp

(
−
∫

Vdeco

− exp
(
−
(

σc

σ1

)4)dV

V0

)
(5.4)

where σc is the characteristic cleavage fracture stress, similar to σu in the Beremin model,
which is evaluated over the volume Vdeco where decohesion of inclusions occurs (note the simil-
itude to Vpl in equation 2.17). Note that only two parameters, σc and V0, are necessary. Taking
V0 equal to (460µm)3, as determined by fractography as the mean distance between MnS clus-
ters, and allowing for σc to increase with temperature, Carassou et al. (1998) found a good �t
between the NT2 specimens (tested at T = −150 ◦C) and side-grooved CT specimens (tested
at T = 0 ◦C), in the same material as used in this study. The latter set of specimens showed
important ductile crack growth. However, the absence of a free scatter parameter m results in
a poor �t to other specimen sets, where experimental scatter is di�erent (e.g. NT4 specimens,
tested at T = −90 ◦C). Since the basis of the model is the fractographic observation of cleav-
age fracture that is induced by manganese sul�des, a transfer of the model to other cleavage
initiation mechanims may be di�cult. For instance, it needs to be investigated, whether for
tests run on specimens of a di�erent orientation (e.g. longitudinal) inclusion initiated cleavage
fracture is still dominant.

5.2.5 Conclusions

In a large comparative study, di�erent approaches for the application of the Beremin model
were evaluated. It was stated that the accumulation of failure probability needs to be taken into
account, by considering the maximum value of the maximum principal stress in load history.
No practical in�uence of the material law formulation (dense or porous) is found, as long as
no ductile crack initiation occurs. However, the presence of a ductile crack induces dramatic
changes in the parameters of the Beremin model. Dynamic transitional computation of the
Charpy specimen, as compared to quasistatic analysis, does not yield di�erent parameters,
provided that the maximum increment size in quasistatic analysis is limited. For a notch root
mesh size of 100 µm, adiabatic and isothermal conditions yield similar results. 3-D analysis
yields slightly di�erent results as compared to 2-D analysis.

Application of the Beremin model to the entire set of specimens yields fairly constant
parameters, as long as the micromechanism of fracture remains identical. Towards the ductile-
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to-brittle transition, failure mechanisms change, and so do the parameters (m, σu and V0).
Fractographic investigations indicate that this is due to a change in the population of activated
`weak spots' in this domain. This observation makes the change of the Weibull parameters
physically plausible.

Di�erent modi�cations of the Beremin model are reviewed, that had been proposed in
order to improve the stability of the model. One suggestion is made that is based on the
de�nition of the `e�ective' stress in the matrix. This `e�ective' stress can be interpreted by
unit cell computations. The model allows the description of failure of the NT4 specimens
(T = −90 ◦C) with the parameters of NT2 (T = −150 ◦C), CVN (T = −90 ◦C) and CT (T =
−90 ◦C) specimens. However, towards higher temperature, further modi�cations are necessary,
taking better account of the physical phenomena, in order to improve the transferability of
parameters.

5.3 Fracture Toughness Determination from the Instrumented

Charpy Impact Test

If a unique set of parameters exists, the fracture toughness can also be predicted. Beremin
(1983) already proposed a semi-analytical procedure that is based on the RKR model (Ritchie
et al., 1973). The formulation reads

ln
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(5.5)

and yields a link between failure probability and fracture toughness. B is the specimen
thickness, and Cm a factor that is dependent on m and on the hardening behaviour of the
material, and needs to be determined numerically. Equation 5.5 predicts a change of fracture
toughness KIc with the yield strength following σ

1−m/4
y , and a thickness dependence of KIc

following K4
IcB = const.

This semi-analytical analysis allows easy estimations. However, since it requires numerical
computation, it is consequent to carry out an entirely numerical analysis, which necessites
less assumptions (state of stress, material behaviour), and should thus allow higher precision.
Actually the `fully numerical' approach has been chosen in this study anyway, by FEM simu-
lation of CT specimens at several temperatures. It has also been suggested by Tahar (1998).
The equality of parameters found for the CVN and the CT specimens, tested at T = −90 ◦C,
already implies that the Weibull parameter set determined from the CVN test of course yields
a correct prediction of fracture toughness, for this temperature. Figure 5.16 shows the predic-
tion of fracture toughness, as computed with the Weibull parameters set determined from the
Charpy results obtained at T = −90 ◦C (i.e. m = 16.5, σu = 3127 MPa).

Of course the �t is found excellent at T = −90 ◦C. The prediction seems still reasonable
towards lower temperature, although the scarcity of experimental results does not allow a good
comparison. Towards higher temperature, a similar evolution is predicted as given by the RKR
model or by equation 5.5. The increase of fracture toughness in the ductile-to-brittle transition
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Figure 5.16: Fracture toughness prediction computed from CVN results obtained at −90 ◦C.

is underestimated. Notably the lower bound of fracture toughness does barely increase with
temperature, which would imply that a relatively high risk of cleavage fracture persists.

The Weibull parameters determined from the Charpy test had been found to change dras-
tically with temperature. In another attempt, those parameters were `projected' on the CT
specimen, i.e. parameters determined from the CVN specimen at T = −60 ◦C were used for
prediction at −60 ◦C, and those identi�ed at T = −30 ◦C were used for −30 ◦C. Of course
there is a priori no reason why the Weibull parameters should evolve in the same way for the
CT specimens as for the CVN specimens. No other data were available for lower or higher
temperatures. This is why the −90 ◦C-set was used for lower temperatures, and the −30 ◦C-set
for temperatures exceeding −30 ◦C. Figure 5.17 shows that intermediate and high failure prob-
ability is now raised to much higher fracture toughness, actually overpredicting the toughness.
However, low fracture probability is barely a�ected, i.e. the lower bound of fracture toughness
is still underestimated. Apparently m needs to be larger for the CT specimen, as compared to
the CVN specimen. It seems that a much better �t could be obtained, with a small increase
of σu (and possibly also of V0) only.

It is concluded that fracture toughness determination from the Charpy impact test is
possible with the Beremin model, but only under severe restrictions. No investigation has
been conducted for lower temperature than −90 ◦C. Thus the more brittle fracture regime has
still to be investigated. Towards higher temperature and toughness, ductile crack initiation
occurring in the CVN specimen induces a drastic change of the Beremin parameters, which
do not describe the fracture toughness any more. However, the parameters change also in
fracture mechanics specimens, albeit slower, in the onset of the ductile-to-brittle transition,
even prior to ductile crack initiation. Further investigations are necessary in order to study
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Figure 5.17: Fracture toughness prediction computed from CVN results obtained at di�erent
temperatures.

the dependence of the Weibull parameters on temperature, and possibly on other variables.
The possibility that the Weibull parameters change continuously with (temperature) cannot
be entirely ruled out.

5.4 Summary

• FEM analysis allowed to investigate the values of mechanical variables at
the failure initiation sites which had been determined by fractography. This
procedure allowed to de�ne the `failure locus' for cleavage fracture for the
material examined. An important scatter has been diagnosed, linked to the
local metallurgical features of the initiation sites. All sites were found to
lie within the plastic zone. The cleavage stress was found to increase with
temperature.

• A large study on the appropriate procedures for the application of the
Beremin model was conducted. The in�uences of the material model, 2-D
or 3-D analysis, mesh size, inertia, adiabatic heating, and non-proportional
loading were studied. As long as no ductile crack initiation occurs, dense and
GTN material give similar results. Simple 2-D quasistatic FEM modeling of
the instrumented Charpy impact test may be su�cient for application of the
Beremin model at relative low temperature (pure cleavage domain). However,
better results are obtained in 3-D analysis. It is argued that the maximum
value of σ1 in time needs to be considered for the computation of the Weibull
stress.
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• The parameters of the Beremin model that are identi�ed for di�erent speci-
men types are found consistent, as long as the micromechanism of fracture is
`pure' cleavage. Towards the ductile-to-brittle transition, failure mechanisms
change, and the Weibull parameters as well. Di�erent modi�cations of the
Beremin model are reviewed, that have been introduced in order to improve
the stability of the model. A new approach is suggested by the de�nition of
an `e�ective' stress that accounts for the in�uence of voids on the local stress
in the matrix. Application of this model brings some improvement; however,
further research is necessary in order to study the ductile-to-brittle transi-
tion. It seems physically plausible that all Weibull parameters change in this
domain, due to the change of the active population of `weak spots'.

• On the lower shelf, i.e. as long as the Weibull parameters remain constant,
the determination of fracture toughness by means of the Charpy impact test
is possible.



Chapter 6

Conclusions and Perspectives

The practical possibility of the determination of lower-shelf fracture toughness by means of
the Charpy impact test was studied, for a A508 low alloy structural steel.

• Di�erence CVN�KIc.

Important di�erences exist between Charpy and fracture toughness testing, which im-
pede a theoretical correlation between the Charpy impact energy CVN and the fracture
toughness KIc. The CVN specimen is not provided with a pre-crack, which is demanded
for application of fracture mechanics. Furthermore, the high impact velocity in Charpy
testing creates important dynamics e�ects: inertial load oscillations, adiabatic heating,
and strain-rate hardening of the material. Finally, the boundary conditions of the CVN
specimen are complex. Thus a detailed study of the Charpy impact test was necessary.

• FEM analysis of the Charpy impact test.

� Boundary conditions (striker and anvil) can be well modelled with contact elements.
Friction does not seem important. The friction coe�cient seems to be in the order
of 0.1.

� The high strain rate (ε̇ ∼ 103 s−1) occurring in the notch root of the Charpy
specimen needs to be accounted for via a strain rate dependent material law.

� In spite of the important oscillations on experimental load vs. displacement curves,
local stress �uctuations are much less important. These oscillations originate from
vibration of the specimen, in interaction with the elastic striker.

� The `3τ ' transition time criterion (Ireland, 1976; Server, 1978b, 1985) seems too
conservative. A quasistatic procedure is su�cient for the interpretation of exper-
imental results, as well as for modeling. Machine compliance seems to have been
overestimated in previous studies found in literature.

� The e�ect of adiabatic heating is con�ned to the notch root, and does not play
an important role on the level of the maximum stress. It has a similar (moderate)
softening e�ect as the one induced by the initiation of a ductile shallow crack.

139
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� A 2-D plane strain model yields a similar local response as is found in the center
plane of a 3-D model. The global reponse is overestimated in plane strain.

� A rate dependent GTN model allows for a good description of ductile crack initia-
tion and growth, especially in 3-D analysis. Both the `local' crack advance as well
as the `global' load agree well with experimental results. Signi�cant ductile crack
advance induces an important stress rise in the ligament.

• Modeling of other specimen types�Constitutive equations.

� A linear dependence of the �ow stress with temperature �ts well in the large tem-
perature range from −90 ◦C to +100 ◦C.

� The viscosity parameters of a Cowper-Symonds material law were assumed constant
with temperature and strain rate. Generally, the global response of smooth and
notched tensile specimens was well modelled (as was the case for CVN specimens).
However, the global response of CT specimens could only be well described with
a rate independent formulation. Further tensile test data, at very low strain rate
(e.g ε̇ ∼ 1.10−6 s−1) would be needed, in order to establish the material's sensitivity
in the low-strain-rate regime. Furthermore, it would be possible to determine the
parameters of the constitutive equations on the entire set of specimens, i.e. taking
also the NT, CT and CVN specimens.

� Most parameters of the GTN material law could be determined a priori from the
chemical composition of the material, and by using common values. Only the critical
value of porosity fc and the characteristic length a needed to be �tted, by simulation
of smooth tensile and compact tension specimens, respectively.

� Local stress �elds were found only weakly in�uenced by porosity (GTN model;
recall that fc = 0.06), as compared to dense material, as long as ductile crack
initiation does not occur. However, in the latter case, stress �elds are drastically
changed.

• Appropriate procedures for the Beremin model.

� The maximum value of σ1 with time needs to be considered for the computation
of the Weibull stress. This choice is important, if non-proportional loading occurs.

� Inertia and adiabatic heating have only little in�uence on the parameters of the
Beremin model.

� As long as no ductile crack initiation occurs, dense and GTN materials give similar
results.

� Simple 2-D quasistatic FEM modeling of the instrumented Charpy impact test can
be su�cient for application of the Beremin model at relative low temperature (pure
cleavage domain). However, better results are obtained in 3-D analysis.

� The same value of the characteristic length (mesh size) was found for the Beremin
model as for the GTN model.

� The identi�cation of the Weibull parameters should be carried out for each specimen
type and temperature separately, in order to reveal potential di�erences. However,
this does not seem necessary if it can be assured that the micromechanism of
cleavage initiation is identical (i.e. pure cleavage) in all cases (SEM observation of
the cleavage initiation sites).
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• Application of the Beremin model.

� In the `pure' cleavage domain the Beremin model yields consistent parameters in
several specimen geometries . That is, the model parameters identi�ed for the di�er-
ent specimen types are practically identical. Thus a transferability of parameters,
necessary condition for predicting the fracture toughness from Charpy tests, is
guaranteed.

� Towards the ductile-to-brittle transition, the Weibull parameters deviate from the
`pure cleavage' Weibull parameters.

� When fracture toughness is predicted from `pure cleavage' Charpy results, the in-
crease of fracture toughness with temperature is underestimated.

� Based on fractography and on micromechanics, an `e�ective' stress is introduced,
that accounts for the stress elevation in the matrix due to the presence of voids.
Modi�cation of the Beremin model by this `e�ective' stress allows to account for
the in�uence of ductile crack initiation on cleavage fracture in smoothly notched
tensile specimens tested at −90 ◦C. However, the improvement is generally not
found in other specimen types.

� Fractographic investigations indicate that the population of activated `weak spots'
changes in the transition region. This would make a change of the Weibull param-
eters with temperature plausible. However, the reason for this change is unclear.
Further work is necessary, based on fractographic and numerical studies.

• Fractographic results�Validity of the assumptions of Beremin.

� The cleavage initiation sites can be identi�ed. Generally, several initiation sites
were found in each specimen. The number of cleavage initiation sites diminishes
with temperature. De�ning the `principal site' is based on assumption, but can
be justi�ed by the importance of the river pattern emanating from each site. The
assumption of weakest-link failure seems con�rmed.

� At low temperature, a large range of possible sources for cleavage was identi�ed.
However, inclusion-induced cleavage initiation was frequently encountered.

� Towards higher temperature, the size of cleavage initiating defects increases. No-
tably, clusters of manganese sul�de stringers play an important role.

� FEM analysis allowed to de�ne the `failure locus' for cleavage fracture for the ma-
terial examined. An important scatter has been diagnosed. All sites were found to
lie within the plastic zone, which con�rms an assumption of the Beremin model.
However, the cleavage stress1 was found to increase with temperature, which vio-
lates another assumption of the Beremin model. Still, stress seems to be the unique
variable that characterizes cleavage initiation. Only little evidence for the in�uence
of strain on the fracture stress could be found. The change with temperature of the
`active population' of weak spots for cleavage initiation means that only the tail of
the distribution of potential sites is active at higher temperature. The reason for
this is unclear.

1the maximum principal stress acting on the location of the cleavage initiation sites
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• Perspectives.

� Apart from the necessity to improve the description of rate dependent material
behaviour, further research, i.e. fractographic and numerical work, is necessary
especially for cleavage fracture modeling.

� Here, only the T-S specimen orientation was investigated. In this case, the role on
cleavage initiation of elongated inclusions, loaded perpendicular to their axis, was
found important. Further studies should include other specimen orientations.

� The role of the characteristic distance (i.e. the sampling volume V0) on the Beremin
parameters should be investigated, in (pre-cracked) specimen geometries (CT spec-
imen), at di�erent temperatures.

� Other modi�cations of the Beremin model that have been proposed in literature
should be tested for their applicability.

� Further research is necessary to investigate the change of the population of cleavage
initiation sites with temperature.
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Appendix A

Additional Experimental and

Numerical Results

A.1 Smooth Tensile Tests

Figure A.1: Mesh design used for the smooth tensile specimen.
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A.2 Compressive Tests
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Figure A.2: Experimental results of compressive tests run on a Hopkinson bar device, and
computed curve. The softening e�ect of adiabatic heating is accounted for in simulation.
T = −90 ◦C.
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A.3 Axisymmetric Notched Tensile Specimens

Figure A.3: Mesh designs used for the notched tensile specimens `NT2' (left), and `NT4'
(right).
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Figure A.4: Computed and experimental global response of notched tensile tests `NT2' run at
T = −150 ◦C. Specimen `243' had been machined to a smaller diameter.
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Figure A.5: Computed and experimental global response of notched tensile tests `NT4' run at
T = −90 ◦C.
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A.4 CT Specimen

Most �gures are commented in the principal text (section 4.4). In the following, crack growth
analyses in side-grooved compact tension specimens, tested at T = 0 ◦C, shall be discussed
(�gures A.10 and A.11). The mesh used for 2-D plane strain computation is shown in �gure A.9.
The mesh size is constant 100 µm ahead of the crack tip over a distance of 2 mm in the crack
growth direction. Modeling extensive crack growth is out of scope of this work. However, it is
desirable to determine the characteristic length a (mesh size) for the GTN model with a good
level of con�dence.

The idea of providing a compact tension specimen with side-grooves is to induce a state
of plane strain over the specimen thickness. Standard CT specimens tend to lose constraint in
the course of loading, as is illustrated in �gure A.8. For a loadline displacement of 0.25 mm,
the crack tip loading parameter J is distributed over the specimen thickness almost homoge-
neously. Increasing load induces a strong gradient of the value of J from the specimen center
to the surface. Subsequently, crack tunneling occurs, i.e. the crack grows faster in the specimen
center than close to the surface. In a side-grooved specimen, a fairly straight crack front can
be expected, thanks to a state of constraint that varies little over the specimen thickness.

Crack tip analyses, as presented in section 4.4.3, gave a �rst indication that an element
length of 100 µm may be a convenient choice for the characteristic length a of the GTN model.
Figures A.10 and A.11 present analyses that were carried out with this element length. As for
the 2-D analyses of tests on standard CT specimens (section 4.4.2), a rate dependent material
law formulation turned out to overpredict the experimental load curve, when taking

√
B BN

as the `e�ective' specimen thickness, where B denotes the nominal thickness, and BN the net
thickness (in the side-grooved region). BN was taken 20% inferior to B, i.e. BN = 20 mm for
a 25 mm thick specimen. Even the choice of BN as the `e�ective' specimen thickness yielded
still an overprediction of the load, for the rate dependent material.

Computation with an elastic-plastic material, and an `e�ective' thickness of
√

B BN ,
slightly overestimates the load as well, whereas choosing BN gives a reponse that is slightly
too soft. The most appropriate choice of the `e�ective' thickness depends clearly on the hard-
ening characteristics of the material, notably on the rate-sensitivity. It shall be noted that
the analysis with rate dependent material stopped prematurely due to numerical di�culties,
whereas the computation with rate independent material shows a marked change of the load
slope from a loadline displacement of some 3 mm onwards, since the crack reaches the end of
the �nely meshed region and advances slower in the coarser mesh.

The slope of the crack growth resistance curve (�gure A.11) seems well predicted, except
of course for a crack growth exceeding 2 mm. However, the initial stage of crack growth seems
slightly retarded in computation.
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Figure A.6: Load vs. loadline displacement curves for the 3-D model of the CT specimen, and
experimental curves. T = −90 ◦C.
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Figure A.7: Mesh design used for the standard boundary layer analysis (showing the imposed
displacements on the boundaries).
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Figure A.9: Mesh design used for studying the crack advance in side-grooved CT specimens
(2-D plane strain analysis).
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models of the side-grooved CT specimen. T = 0 ◦C.
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A.5 CVN Specimen
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Figure A.12: Computed and experimental global response of CVN tests run at T = −90 ◦C.
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Figure A.13: Computed and experimental global response of CVN tests run at T = −60 ◦C.
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Figure A.14: Computed and experimental global response of CVN tests run at T = −30 ◦C.
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A.6 Cell Model Computations

In this study, cell model computations have been carried out, in order to investigate the stress
elevation in a unit volume due to presence of a heterogeneity, notably the in�uence of the
stress peak on the Weibull stress (i.e. taking the volume into account).

Commonly, cell model computations aim on the analysis of void growth and collapse.
They can be used in order to identify the parameters of the Gurson model, i.e. q1, q2, δ and fc

(Koplik and Needleman, 1988; Brocks et al., 1995). Mostly, simple axisymmetric 2-D models
are used, which correspond to a special case of void arrangement in space. More general cases
can be studied with 3-D models (Kuna and Sun, 1996).

The important parameter determining the void growth rate is the stress triaxiality σh/σeq.
This ratio has to be kept constant during the load history, in order to make comparisons
meaningful and simple. However, in displacement controlled analysis, triaxiality is di�cult
to control, whereas under load control another problem arises: commonly employed solution
algorithms cannot overcome the load maximum, which precedes the collapse of the cell. Eberle
and Klingbeil (1996) proposed to employ the `Riks' algorithm, which is capable to solve this
kind of stability problem. A description of this method can be found in Eberle and Klingbeil
(1996) and in the Abaqus manuals (HKS, 1997b,c). However, another di�culty arises by the
use of the Riks algorithm, by employing a rate dependent material law, since time has no
physical signi�cance in a Riks analysis. Thus, two possibilities remain: use a rate independent
material law, or permit the computation to stop before maximum load. Since collapse analyses
were not the aim of the study, the latter possibility was chosen.
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Figure A.15: Computed void growth for di�erent unit cell models. σh/σeq = 1.

Figure A.15 shows a typical output of void growth analysis. The imposed triaxiality of 1
corresponds approximately to the constraint in the ligament of the smoothly notched (NT4)
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specimens. It can be well depicted that a value for q1 of 1.0 in the GTN model (single �nite
element) underestimates the void growth rate computed with a discrete void of initially spher-
ical shape, whereas q1 = 1.5 leads to an overestimation. A void of oblate shape growths much
faster, and porosity increases of course also faster with void nucleation in the GTN model (but
with di�erent kinetics).

The void growth in unit cells can be computed in two ways. Taking the formulae proposed
by Koplik and Needleman (1988), here not reported, or evaluate the element (or integra-
tion point) volume, which is provided by the code. Comparisons were carried out and led to
practically identical results.

Figure A.16 shows the evolution of the `mesoscopic' longitudinal (axial) stress computed
in a unit cell with oblate void shape, with an initial axis ratio of 10. Again, a triaxiality of
1 is imposed. The `mesoscopic' stresses and strains are obtained from the reaction forces and
cell geometry. The corresponding contour plots of the maximum principal stress are shown on
�gure A.17. Increasing load leads to a rapid change of the void shape. The smoothening of
the void shape and increasing plastic deformation have the e�ect that the relative importance
of the stress rise decreases with load. In other words, whereas the `mesoscopic' axial stress
increases from 1170 MPa in step 1 via 1521 MPa in step 2 to 1741 MPa in step 3, the local
maximum principal stress increases from a relatively high value of 2090 MPa to a modest
2130 MPa. However, the stress gradient becomes less important, and the volume in which the
stress is raised increases.
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Figure A.16: Global response (mesoscopic stress) in axial direction computed in a unit cell
with oblate void shape. σh/σeq = 1.
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Figure A.17: Contour plots of the largest principal stress in a unit cell with oblate void shape,
for three di�erent load steps (1�3, from top to bottom). Stress triaxiality σh/σeq = 1.
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Programs for Post-Processing

B.1 The Beremin Post-Processor

The mainpart of this program has been developed by Fatrdla (1996) and is described there
in detail. However, since then, important modi�cations have been made. In the following,
a short description of the current program is given. The algorithm follows essentially the
recommendations given by ESIS (1997). The programming language is FORTRAN 77.

The Beremin model is applied in post-processing, i.e. once the FEM analysis has been
terminated. At least the following variables need to be written (in binary format) to the
results �le (.fil) during the analysis:

• maximum principal stress,

• integration point (or element) volume,

• equivalent plastic strain.

If a modi�ed version of the Beremin model is employed, additional variables may be nec-
essary, e.g. the void volume fraction f , for the `e�cient' stress concept (section 5.2.4). ESIS
(1997) recommends to average the variables, notably the maximum principal stress, over the
integration points of each element. It is more economic to write the output to the centroid of
each element, and to output the element volume instead of the integration point volume.

Large model sizes may need to limit the output to a frequency lower than each increment,
since the size of the post-processor may exceed the maximum size that can be handled by the
operating system.

Most program options can be run interactively, i.e. by chosing between options that are
proposed by the post-processor on the screen (input by the keyboard). The program is struc-
tured into modules, i.e. subroutines that accomplish speci�c tasks, and are called by a main
program. Thus modi�cations can be easily introduced. A make�le is used for compiling and
linking. The name of the exectable program can be speci�ed in the make�le. The di�erent
parts of the program are the following:

• dionysosS.f is the main program and contains the calls for the subroutines.

• getdataS.f opens the results (.fil) �le, reads the variables and writes them into arrays.
The .fil �le is handled with the subroutines provided by Abaqus, i.e. INITPF, DBRNU
and DBFILE.

171
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• inputS.f is a subroutine for interactive input.

• interpolS.f interpolates the Weibull stress between increments in order to match the
experimental failure events.

• leastsqS.f computes the parameter σu if m is imposed, by means of the least squares
method.

• maxlikeS.f determines both σu and m, by means of the maximum likelihood method.

• outS.f writes the output of the post-processing session to �les. The .cal �le contains
the displacement, Weibull stress and failure probability of the FEM analysis, .test the
corresponding values for the experimental data, and .gp instructions for plotting these
�les with Gnuplot 3.5.

• readdatS.f reads the reduced dataset (given by writedatS.f) from a �le. Currently
not maintained.

• reductionS.f reduces the data extracted by getdataS.f to the variables of elements
in the plastic zone only, and averages the variables, if necessary (if written to each
integration point, instead of the centroid).

• vinS.f reads the experimental results �le (list of failure displacements, in columnar
format and increasing order).

• wb_distS.f computes the Weibull stress.

• writedatS.f writes the reduced set of data (given by reductionS.f) to a �le. Currently
not maintained.

FORTRAN 77 does not allow for dynamic memory allocation. Thus the size of all arrays
needs to be �xed in advance. The parameters to be set are (the corresponding routines are
indicated between parentheses):

• number of steps in the computation (dionysosS.f),

• number of increments (per step) in the computation (dionysosS.f),

• number of �nite elements in the model (dionysosS.f, getdataS.f and wb_distS.f),

• number of experimental data points (i.e. tested specimens, dionysosS.f).

Before compilation, these parameters need to be adjusted, and the �ags for compiling and
linking need to be set in the make�le, corresponding to the operating system (e.g. Solaris, 32
or 64 bit IRIX . . . ). Although ANSI FORTRAN 77 rules have not been respected in a strict
sense, most compilers should interprete the programs correctly.

In the �rst run, several questions need to be answered (subroutine inputS.f). Among
those, the most important ones are:

• name of the results �le,

• number of the node whose displacement has been monitored (corresponding to the ex-
perimantal values of displacement at failure),
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• symmetry factor of the FEM model,

• direction of the displacement,

• �rst estimates (or �xed values) of the Weibull parameters,

• yield stress of the material (only for the purpose of normalization).

The threshold value of the de�nition of the plastic zone can be freely chosen. m and σu

can be optimized with the maximum likelihood method, or be imposed constant, or σu be
determined for an imposed m (least-squares method). The bias correction necessary for the
maximum likelihood method is accomplished automatically. The maximum or current value
of σ1 with time can be chosen for computing the Weibull stress.

Key to the names of the output �les:

• The �rst four characters are free. They can be used in order to indicate the specimen
type and temperature.

• The following �ve digits are used to indicate the threshold that is used for the de�nition
of the plastic zone (00000 means a threshold lower than 1. 10−4).

• CR (current value of σ1) or MX (maximum value of σ1).

• two letters designating the nature of a correction (modi�ed Beremin model). NC means
no correction.

• LI (maximum likelihood method), MC (constant m) or CT (constant m and σu).

B.2 Fortran Programs for Cleavage Site Post-Processing

The impossibility of dynamic memory allocation in Fortran77 made it appear di�cult to design
a universal post-processor. Consequently, for each specimen design (e.g. di�erent numbering
of elements) a speci�c version of the post-processor was developped. The coordinate system
used for site processing corresponds to the scheme presented in chapter 3 (�gure 3.29). Only
the in-plane coordinates are considered.

Failure sites lie on a straight line (axisymmetric or any other 2-D mesh design), or in a
plane (3-D mesh). In the �rst case the identi�cation of the �nite elements containing the failure
locations is trivial. Else, the problem is to verify, for each speci�c domain (�nite element),
whether the point (the failure location) lies within or outside. That is, an observer who is
moving along the boundary of the (convex) domain needs to check whether the point remains
on the same side.

In our case, the domain is discrete, i.e. a polygon, more precisely a quadrilateral which
is de�ned by the corner points (nodes). Let ~a denote the vector from the failure location to
the �rst node of the �nite element, ~b the vector to the second node, etc. Now 2 × 2 matrices
are formed, each containing a pair of vectors. Thus we obtain, for each �nite element, the
four matrices (~a,~b) (~b,~c), (~c, ~d) and (~d,~a). If the determinants of each of these matrices have
the same sign, for a speci�c �nite element, the failure site lies within this �nite element,
else outside. This check is run, for each failure location, for the corresponding increment of
calculation, over the entire set of �nite elements lying in the fracture plane.
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The experimental input �le needs to contain the displacement of the specimen (i.e. spec-
imen de�ection, loadline displacement or reduction of diameter) for each experimental data
point, and the coordinates of the cleavage initiation sites. Additionally, the specimen numbers
and types of site can be provided.

Results �le (.fil) processing is similar as in the case of the Beremin post-processor. It
is read by means of the same Abaqus subroutines (i.e. INITPF, DBRNU and DBFILE). However,
the displacement is read from the monitor �le (.sta), and no interpolation in time (between
computed increments) is performed, in order to match the experimental points. Furthermore,
interpolation in space is not carried out as well, i.e. all output values correspond to the closest
�nite element (centroid, or average between integration points), in the increment that is closest
to the instant of failure. However, element distorsion is accounted for, i.e. the current element
coordinates are considered. Large models may necessitate to limit the output frequency to
a value lower than once per increment. The program is compiled and linked by the Abaqus
command abaqus make job=(name-of-the-program).

Key to the names of the output �les:

• .typ contains general informations: notably the number of the �nite element correspond-
ing to each failure site, the corresponding step and increment of the computation.

• .tri lists σ1, σh/σeq, εeq, ε̇, f , fgrowth, fnucleation.

• .mis lists additionally T , σeq and σ1/σeq.

• .sig lists the components of the stress tensor at each site.

• .eps lists the components of the strain tensor at each site.

The latter two �les yield the information that is necessary for cell model computations,
i.e. the stress or strain (displacement) con�gurations that need to be imposed for typical
situations.
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Listings

C.1 Experimental Results

The nomenclature is following the conventions given in the beginning of the document.

C.1.1 Smooth Tensile Tests

Table C.1: `Classical' mechanical properties deduced from smooth tensile tests in the T direc-
tion. Taken from Renevey (1997). K and n have been de�ned in section 3.2.3.

specimen T Rp0.2 Rm Ag A Z n K σfract εfract

number [◦C] [MPa] [MPa] [%] [%] [%] [MPa] [MPa]
25 -196. 984. 1033. 17. 24. 36.4 0.157 1614. 1423. 0.452
26 -196. 968. 1023. 16. 21. 22.1 0.152 1586. 1259. 0.249
28 -196. 984. 1029. 15. 21. 27.2 0.139 1552. 1355. 0.317
9 -165. 857. 947. 15. 26. 53.7 0.112 1266. 1597. 0.769
27 -162. 844. 929. 12. 25. 49.5 0.13 1376. 1499. 0.683
30 -147. 772. 889. 15. 27. 54.6 0.162 1407. 1466. 0.789
29 -143. 752. 874. 18. 29. 58.3 0.163 1381. 1530. 0.875
12 -116. 656. 807. 14. 30. 56.6 0.162 1280. 1399. 0.834
8 -115. 652. 808. 15. 26. 63.7 0.16 1272. 1570. 1.012
7 -88. 604. 764. 14. 28. 64.7 0.15 1186. 1466. 1.041
11 -85. 603. 771. 16. 30. 63.6 0.149 1188. 1438. 1.01
3 -58. 562. 721. 13. 27. 64.1 0.162 1145. 1362. 1.025
6 -58. 567. 732. 13. 25. 64.5 0.155 1147. 1410. 1.036
2 -28. 547. 701. 12. 24. 67.7 0.157 1107. 1407. 1.129
5 -28. 546. 701. 13. 27. 66.9 0.144 1074. 1386. 1.107
19 0. 520. 671. 14. 25. 67. 0.139 1014. 1334. 1.11
13 1. 535. 670. 14. 30. 68.5 0.132 1000. 1316. 1.156
1 29. 509. 649. 14. 24. 64.8 0.128 957. 1200. 1.044
4 31. 509. 644. 10. 24. 65.8 0.145 996. 1239. 1.072
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C.1.2 Compressive Tests

Table C.2: Quastistatic strain rate compressive tests run on a hydraulic testing machine at
CREA.

specimen T ε̇ Rp0.2 Rm σmax
true εmax

pl

number [◦C] [s−1] [MPa] [MPa] [MPa] [%]
C_T3_1 -90. 4. 10−3 600. 2054. 1077. 62.63
C_T3_2 -90. 4. 10−3 603. 2086. 1065. 65.23
C_T3_3 -90. 4. 10−3 645. 2059. 1041. 65.05

C_T1_1 23. 4. 10−3 499. 1792. 1001. 56.29
C_T1_2 23. 4. 10−3 501. 1786. 995. 57.29
C_T1_3 23. 4. 10−3 487. 1791. 994. 57.11
C_T1_4 23. 4. 10−3 477. 1929. 1022. 61.93
C_T1_5 23. 4. 10−3 480. 1907. 1015. 61.71

C_T2_1 100. 4. 10−3 477. 1739. 880. 66.65
C_T2_2 100. 4. 10−3 458. 1760. 881. 63.91
C_T2_3 100. 4. 10−3 414. 1805. 883. 69.57

Table C.3: Intermediate strain rate compressive tests run on a hydraulic testing machine at
CREA.

specimen T ε̇ Rp0.2 Rm σmax
true εmax

pl

number [◦C] [s−1] [MPa] [MPa] [MPa] [%]
C_T3_4 -90. 1.7 785. 1941. 1015. 63.10
C_T3_5 -90. 1.7 757. 1936. 1024. 62.00
C_T3_6 -90. 1.7 769. 1911. 1031. 59.52

C_T1_6 23. 1.4 531. 1653. 962. 53.02
C_T1_7 23. 1.4 521. 1643. 958. 52.62
C_T1_8 23. 1.4 520. 1641. 957. 52.60

C_T2_4 100. 1.7 472. 1693. 838. 68.31
C_T2_5 100. 1.7 483. 1701. 830. 69.47
C_T2_6 100. 1.7 490. 1656. 834. 66.91
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Table C.4: Dynamic compressive tests run on a Hopkinson bar device at CREA.

date specimen T ε̇ K n
number [◦C] [s−1] [MPa]

25 10 95 7 -150. 900. 1228. 0.006
25 10 95 8 -150. 900. 1255. 0.018
25 10 95 9 -150. 900. 1310. 0.033

25 10 95 10 -90. 1000. 1267. 0.076
25 10 95 11 -90. 1000. 1277. 0.088
25 10 95 12 -90. 1000. 1266. 0.089

25 10 95 13 -30. 1000. 1249. 0.100
25 10 95 14 -30. 1000. 1231. 0.096
25 10 95 15 -30. 1000. 1241. 0.110

25 10 95 1 25. 1000. 1194. 0.135
25 10 95 2 25. 1000. 1209. 0.140
25 10 95 3 25. 1000. 1208. 0.133

25 10 95 4 100. 1100. 1130. 0.125
25 10 95 5 100. 1100. 1163. 0.143
25 10 95 6 100. 1100. 1112. 0.134
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C.1.3 Notched Tensile Tests

Table C.5: Experimental results of tests on notched tensile specimens `NT4' run at a nominal
temperature of T = −90 ◦C. Taken from Renevey (1997). d corresponds to half of the specimen
reduction in diameter (i.e. d = ∆Φ/2) and has been normalized in order to cancel out diameter
variations due to machining. This variation is between −0.08 and +0.01 mm (compared to
the nominal diameter of 6 mm). Load values have been normalized as well.

specimen T Pfract d
number [◦C] [kN] [mm]
203 -87. 25.7 0.535
204 -84. 27.1 0.426
206 -92. 26.4 0.449
207 -85. 25.5 0.523
208 -87. 25.8 0.522
209 -88. 28.4 0.281
210 -87. 24. 0.515
212 -90. 25.7 0.490
215 -88. 27.5 0.396
218 -91. 27.1 0.401
221 -90. 26.2 0.522
222 -88. 26.6 0.516
224 -91. 26.8 0.426
225 -86. 26.8 0.489
226 -86. 28.3 0.362
227 -86. 25.2 0.620
229 -92. 26.9 0.415
230 -89. 28. 0.319
232 -92. 26.1 0.464
234 -91. 27. 0.339
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Table C.6: Experimental results of tests on notched tensile specimens `NT2' run at a nomi-
nal temperature of T = −150 ◦C. Taken from Renevey (1997). d corresponds to half of the
specimen reduction in diameter (i.e. d = ∆Φ/2) and has been normalized in order to cancel
out diameter variations due to machining. This variation is between −0.04 and +0.02 mm
(compared to the nominal diameter of 6 mm), except for specimen nr. 243, where the actual
diameter was only 5.79 mm. Load values have been normalized as well.

specimen T Pfract d remarks
number [◦C] [kN] [mm]
236 -151. 36.8 0.220
237 -152. 36.8 0.229
238 -154. 37.3 0.234
239 -150. 36.8 0.195
240 -149. 34.9 0.075
242 -147. 35. 0.045
243 -147. 35.9 0.295
244 -147. 36.2 0.275
246 -147. 36.8 0.205
247 -147. 36.3 0.165
248 -148. 37.8 0.192
251 -145. 36.8 0.204
252 -148. 37.1 0.145
254 -147. 36.3 0.246
255 -147. 36.8 0.166
256 -147. 37.8 0.201
258 -147. 34.6 n.d. intergranular crack initiation
259 -143. 36.8 0.170
260 -145. 37. 0.215
261 -154. 36.9 0.135
262 -151. 36.2 0.115
263 -151. 36.2 0.230
264 -153. 37.7 0.075
265 -154. 36.9 0.175
266 -151. 36.8 0.125
267 -153. 36.6 0.209
268 -156. 35.3 0.085
269 -151. 36.7 0.199
270 -154. 37.5 0.125
271 -147. 37.6 0.121
272 -148. 36.8 0.201
273 -148. 38. 0.197
274 -147. 37.7 0.197
275 -153. 36.8 0.187
276 -153. 36.6 0.130
277 -152. 36.7 0.200
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C.1.4 Compact Tension Specimens

KIc and KJc values may slightly deviate from the values given by Renevey (1997), due to a
di�erent evaluation procedure. Here, absolute load values were considered, whereas Renevey
(1997) considered Pfract − Ppre to be the actual fracture load, where Ppre is in the order of
0.5 kN. In the table, high values of Ppre mean that the test has been interrupted at this load,
and restarted.

Table C.7: Experimental results of tests on 25 mm CT specimens (d = loadline displacement).

date specimen T KIc KJc Pfract d remarks
number [◦C] [MPa

√
m] [MPa

√
m] [kN] [mm]

26 04 95 311 -59. 146. 55. 0.728 from Renevey (1997)
27 04 95 317 -58. 183. 58. 0.975 from Renevey (1997)
19 10 96 801 -59. 151.4 55. 0.762
19 10 96 802 -56.5 93.8 41. 0.45
19 10 96 804 -59. 112.2 47. 0.543
21 10 96 806 -60. (193.0) 60. 0.963 Ppre = 50 kN
22 10 96 808 -62.5 132.3 52. 0.654
21 07 95 812 -60.5 103.2 45.5 0.475
21 07 95 814 -61.5 150.7 55.75 0.735
24 07 95 807 -90. 139.6 57. 0.645
22 10 96 809 -92. 112.8 48.25 0.536
22 10 96 810 -91.5 75.7 37.25 0.386
22 10 96 811 -92. 118.4 50.75 0.561
22 10 96 813 -92. 50.3 24.75 0.23
22 10 96 815 -90.5 40.6 20. 0.19
23 10 96 816 -90. 72.6 35.75 0.356
23 10 96 817 -89.5 141.9 55.75 0.684
23 10 96 818 -90. 145.4 57. 0.696
23 10 96 819 -89. 158.9 59.25 0.774
23 10 96 821 -89.5 120.6 51. 0.57
23 10 96 822 -90.5 94.3 42.5 0.438
23 10 96 823 -89. 81.5 37.75 0.375
24 10 96 824 -89. 101.9 45. 0.477
24 10 96 825 -92.5 114.8 49. 0.546
24 10 96 826 -92. 80.2 37.25 0.357
24 10 96 827 -91.5 132.4 53. 0.624
24 10 96 828 -89. 114.1 49.25 0.537
24 10 96 829 -89.5 153.8 60.25 0.729
24 10 96 830 -91.5 75.0 41. 0.41
24 10 96 832 -91. 58.9 29. 0.304
25 10 96 833 -90. 149.6 57. 0.729
25 07 95 834 -90. 165.1 59.75 0.8
25 10 96 835 -87. (175.1) 59.5 0.876 Ppre = 32.25 kN
25 10 96 836 -89.5 114.9 49.25 0.534
14 11 95 803 -119. 77.2 38. n.d. Ppre = 23 kN
13 11 95 805 -123. 91.0 42.5 0.385
16 11 95 820 -144.5 51.8 25.5 n.d.
15 11 95 831 -144.5 53.3 26.25 n.d. Ppre = 14 kN
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C.1.5 Charpy Tests

Table C.8: Experimental results of tests on CVN specimens. T = −90 ◦C (d = measured
specimen de�ection. Has been corrected by a unique factor of −0.00167 mm /kN × P [kN]
for Beremin postprocessing, in order to account for machine compliance.)

date machine specimen dial energy computed Pmax Pfract d or remarks
number [J] energy [J] [kN] [kN] [mm]

31 01 96 A 901 5.5 4.9 14.3 14.3 0.448
31 01 96 A 902 15. 15.2 19.7 19.7 0.942
31 01 96 A 903 7. 6.7 17.8 17.8 0.550
31 01 96 A 904 6. 5.5 15.9 15.9 0.499
15 04 96 A 922 13.5 13.1 19.0 18.3 0.752
15 04 96 A 923 11.5 11.0 19.5 19.5 0.866
15 04 96 A 924 7. 5.9 16.8 16.0 0.524
15 04 96 A 925 11.9 11.2 19.6 19.6 0.752
15 04 96 A 927 13.5 13.1 19.5 19.5 0.866
15 04 96 A 928 6.2 5.1 15.3 15.3 0.435
15 04 96 A 929 5.2 4.1 12.8 12.8 0.409
15 04 96 A 930 8.1 7.2 18.1 18.1 0.549
15 04 96 A 931 8. 7.3 17.8 17.5 0.588
15 04 96 A 932 16. 15.8 19.3 19.0 1.043
15 04 96 A 933 8.2 7.4 18.0 18.0 0.588
15 04 96 A 934 6.2 5.2 15.4 15.4 0.473
15 04 96 A 935 4.6 3.5 11.5 11.5 0.371
15 04 96 A 936 4. 2.7 9.9 9.9 0.333
19 04 96 A A23 4.3 3.3 11.2 11.2 0.358
19 04 96 A A24 6.8 5.8 16.8 16.8 0.498
19 04 96 A A25 8.1 7.3 18.2 18.2 0.549
19 04 96 A A26 9.3 8.5 18.2 18.2 0.625
19 04 96 A A27 8.8 8.1 18.1 18.1 0.600
19 04 96 A A28 8.6 7.9 18.1 18.1 0.600

11 03 96 B 909 3.3 n.d. 16.8 16.8 0.440
11 03 96 B 910 1.3 n.d. 15.6 15.6 0.358

11 02 96 C 906 6. 6.2 18.8 18.8 0.428
11 02 96 C 913 5. 3.9 19.6 19.6 0.308
11 02 96 C 917 (4.) (3.4) bad specimen positioning
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Table C.9: Experimental results of tests on CVN specimens. T = −60 ◦C (d = measured
specimen de�ection. Has been corrected by a unique factor of −0.00167 mm /kN × P [kN]
for Beremin postprocessing, in order to account for machine compliance.)

date machine specimen dial energy computed Pmax Pfract d or remarks
number [J] energy [J] [kN] [kN] [mm]

16 04 96 A 975 26.3 26.2 19.5 19.5 1.580
16 04 96 A 976 20. 19.9 18.7 18.7 1.230
16 04 96 A 977 15. 14.2 18.0 18.0 0.942
16 04 96 A 978 24.2 23.7 18.9 18.9 1.392
16 04 96 A 979 24.3 23.8 19.0 19.0 1.455
16 04 96 A 980 6. 5.0 14.8 14.8 0.460
16 04 96 A 981 15.1 14.4 18.0 18.0 0 967
16 04 96 A 982 10.3 9.5 17.4 17.4 0.689
16 04 96 A 984 6.9 5.7 15.8 15.8 0.511
16 04 96 A 985 14.1 13.7 17.8 17.8 0.929
16 04 96 A 986 20. 20.0 18.7 18.7 1.268
16 04 96 A 987 22.7 22.5 18.8 18.8 1.393
16 04 96 A 988 21.5 21.4 18.8 18.8 1.330
16 04 96 A 989 30.3 30.6 19.7 19.7 1.802
16 04 96 A 991 25.3 25.4 19.2 19.2 1.542
16 04 96 A 992 48.9 48.7 20.1 20.1 2.688
16 04 96 A 993 29.9 29.6 19.6 19.6 not recorded
16 04 96 A 994 21.8 22.0 18.8 18.8 1.356
16 04 96 A 995 23.2 23.2 19.0 19.0 1.418
16 04 96 A 996 20. 19.9 18.7 18.7 1.255
16 04 96 A 998 26.5 26.5 19.5 19.5 1.604
16 04 96 A 999 22.1 21.9 18.9 18.9 1.355
30 05 94 A 107 21. 21.7 18.0 17.8 1.418
30 05 94 A 110 28. 29.3 18.9 18.9 1.815

11 03 96 B 911 9. n.d. 15.3 15.3 0.763
11 03 96 B 915 19.9 n.d. 18.6 18.6 1.442

11 02 96 C 907 45. 43.9 18.7 18.7 2.245
11 02 96 C 912 24. 23.9 20.0 20.0 1.200
11 02 96 C 918 20.1 19.8 20.0 20.0 1.040
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Table C.10: Experimental results of tests on CVN specimens. T = −30 ◦C (d = measured
specimen de�ection. Has been corrected by a unique factor of −0.00167 mm /kN × P [kN]
for Beremin postprocessing, in order to account for machine compliance.)

date machine specimen dial energy computed Pmax Pfract d or remarks
number [J] energy [J] [kN] [kN] [mm]

18 04 96 A A00 79.5 79.5 19.4 18.0 4.441
18 04 96 A A01 17.9 16.0 16.6 16.6 0.841
18 04 96 A A02 50.5 47.8 19.4 19.4 2.681
18 04 96 A A03 28. 26.0 17.6 17.6 1.382
18 04 96 A A04 23.6 21.1 17.3 17.3 1.281
18 04 96 A A05 28.7 26.7 18.2 18.2 1.568
18 04 96 A A06 27.2 24.8 17.4 17.4 1.294
18 04 96 A A07 46.9 44.9 19.1 19.1 2.524
18 04 96 A A08 48.7 47.6 19.0 19.0 2.621
18 04 96 A A09 56.9 55.4 19.5 19.5 3.113
18 04 96 A A10 58.5 58.0 19.2 19.2 3.231
18 04 96 A A11 68.2 66.1 19.2 19.2 3.737
18 04 96 A A13 44.2 42.8 19.2 19.2 2.415
18 04 96 A A14 48. 46.7 19.1 19.1 2.573
18 04 96 A A15 46.3 44.0 19.2 19.2 2.561
18 04 96 A A16 27.4 24.4 17.7 17.7 1.419
18 04 96 A A17 34.1 32.8 18.9 18.9 1.926
18 04 96 A A18 91.7 91.1 19.6 18.0 5.039
18 04 96 A A19 22.7 19.0 17.2 17.2 1.143
18 04 96 A A20 34.8 33.0 18.7 18.7 1.816
18 04 96 A A21 43.3 41.5 18.7 18.7 2.379
18 04 96 A A22 21.7 19.6 17.0 17.0 1.043

11 03 96 B 916 70.7 n.d. 17.0 17.0 4.257
11 03 96 B 919 (24.2) n.d. bad specimen positioning
11 03 96 B 921 61.6 n.d. 17.4 17.4 3.830

11 02 96 C 905 50. 42.4 17.0 17.0 2.586
11 02 96 C 908 33. 34.4 20.0 20.0 1.700
11 02 96 C 914 47. 46.1 19.0 19.0 2.325
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C.1.6 Static Charpy Tests

Table C.11: Experimental results of quasistatic tests on CVN specimens (d = specimen de-
�ection).

date specimen T d Pfract

number [◦C] [mm] [kN]
30 01 96 139 -145. 0.977 17.8
30 01 96 135 -145. 0.658 16.9
29 01 96 134 -143. 0.883 17.35
29 01 96 129 -115. 1.102 16.6
26 01 96 128 -114. 0.980 16.
25 01 96 127 -114.5 1.607 17.8
23 01 96 140 -88.5 2.329 18.4
24 01 96 122 -87.5 1.935 17.2
24 01 96 123 -87.2 1.747 16.2
30 01 96 141 -90.1 1.968 16.9
09 01 96 940 -58.9 2.010 16.
09 01 96 941 -58.1 2.722 16.65
09 01 96 942 -57.5 3.747 16.2
09 01 96 943 -30. 2.194 15.7
01 01 96 944 -28.7 2.085 15.6
13 01 96 945 -28.8 7.195 6.1
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C.2 Local Values of Mechanical Variables at the Failure Initia-

tion Points

C.2.1 Notched Tensile Tests

Table C.12: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation (i.e. failure of the specimen). Notched tensile `NT4' specimens
tested at a nominal temperature of T = −90 ◦C (d = ∆Φ/2, r = distance of the site from the
specimen axis, ac = equivalent radius of the surface of the site). The `experimental' data (d,
r, ac, type) are taken from Renevey (1997).

specimen d r ac type σ1 σh/σeq εpl ε̇eq f
number [mm] [mm] [µm] [MPa] [%] [s−1] [%]
203 0.535 0.7 261. MnS + coal. 1714. 1.08 38.3 0.0046 1.33
204 0.426 0.8 244. MnS + coal. 1632. 1.02 27.9 0.0040 0.59
206 0.449 0.9 358. MnS + coal. 1635. 1.01 30.3 0.0041 0.71
207 0.523 0.1 455. MnS + coal. 1760. 1.14 37.3 0.0048 1.39
208 0.522 0.5 241. MnS + coal. 1740. 1.11 37.1 0.0047 1.31
209 0.281 0.6 394. MnS + coal. 1560. 1.03 17.5 0.0035 0.21
210 0.515 0.4 333. MnS + coal. 1740. 1.12 35.7 0.0046 1.21
212 0.490 0.9 332. MnS + coal. 1661. 1.02 34.2 0.0043 0.96
215 0.396 0.5 392. MnS + coal. 1668. 1.07 26.6 0.0040 0.56
218 0.401 0.6 290. MnS + coal. 1659. 1.06 26.6 0.0040 0.55
221 0.522 0.7 381. MnS + coal. 1707. 1.07 36.9 0.0046 0.12
222 0.516 1.2 239. MnS + coal. 1587. 0.93 35.6 0.0042 0.94
224 0.426 0.3 288. MnS + coal. 1693. 1.09 27.9 0.0041 0.64
225 0.489 0.6 268. MnS + coal. 1704. 1.08 34.2 0.0044 1.03
226 0.362 0.3 118. MnS + coal. 1648. 1.07 23.0 0.0038 0.40
227 0.620 0.8 317. MnS + coal. 1730. 1.09 45.5 0.0051 1.97
229 0.415 0.4 226. MnS + coal. 1687. 1.08 27.8 0.0041 0.63
230 0.319 0.7 219. MnS + coal. 1590. 1.03 20.8 0.0037 0.30
232 0.464 0.8 364. MnS + coal. 1660. 1.03 31.6 0.0042 0.81
234 0.339 0.7 386. MnS + coal. 1602. 1.03 21.9 0.0037 0.34



186 APPENDIX C. LISTINGS

Table C.13: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation (i.e. failure of the specimen). Notched tensile `NT2' specimens
tested at a nominal temperature of T = −150 ◦C (d = ∆Φ/2, r = distance of the site from
the specimen axis, ac = equivalent radius of the surface of the site). The `experimental' data
(d, r, ac, type) are taken from Renevey (1997).

specimen d r ac type σ1 σh/σeq εpl ε̇eq f
number [mm] [mm] [µm] [MPa] [%] [s−1] [%]
236 0.220 0.8 42. MnS + coal. 1850. 1.23 8.8 0.0024 0.11
237 0.229 2.2 123. MnS + coal. 1583. 0.78 17.5 0.0040 0.18
238 0.234 1.5 87. MnS + coal. 1777. 1.08 11.4 0.0029 0.12
239 0.195 0.6 65. MnS + coal. 1802. 1.25 7.0 0.0021 0.09
240 0.075 0.7 38. MnS 1485. 1.26 2.0 0.0017 0.06
242 0.045 0.4 12. MnS 1355. 1.23 0.9 0.0014 0.05
243 0.295 0.6 0. other + MnS 1973. 1.27 11.5 0.0028 0.14
244 0.275 0.9 61. MnS + coal. 1920. 1.22 11.4 0.0028 0.14
246 0.205 1.2 1. MnS 1794. 1.15 9.2 0.0026 0.10
247 0.165 1.5 86. MnS + coal. 1692. 1.09 8.1 0.0026 0.09
248 0.191 1.5 92. MnS + coal. 1736. 1.08 9.7 0.0027 0.10
251 0.204 1.6 85. MnS 1722. 1.05 10.2 0.0028 0.11
252 0.145 0.7 82. MnS + coal. 1681. 1.24 4.7 0.0019 0.07
254 0.246 1.1 174. MnS + coal. 1851. 1.17 10.5 0.0027 0.12
255 0.166 0.3 0. other 1745. 1.27 5.4 0.0019 0.08
256 0.201 1.3 71. MnS + coal. 1760. 1.13 8.8 0.0026 0.10
259 0.170 1.0 92. MnS 1731. 1.19 6.5 0.0022 0.08
260 0.215 1.2 0. other 1794. 1.15 9.2 0.0026 0.10
261 0.135 0.7 0. other + MnS 1681. 1.24 4.7 0.0019 0.07
262 0.115 0.9 2. MnS 1615. 1.22 3.8 0.0019 0.07
263 0.230 0.6 50. MnS + coal. 1860. 1.25 8.3 0.0023 0.10
264 0.075 1.0 8. MnS 1485. 1.22 2.3 0.0018 0.06
265 0.175 0.9 90. MnS + coal. 1735. 1.21 6.3 0.0021 0.08
266 0.125 0.9 80. MnS + coal. 1647. 1.22 4.4 0.0019 0.07
267 0.209 1.1 141. MnS + coal. 1803. 1.17 8.9 0.0025 0.10
268 0.085 1.1 14. MnS 1533. 1.20 3.0 0.0019 0.06
269 0.199 1.5 1. Ti(NC)+MnS 1736. 1.08 9.7 0.0027 0.10
270 0.125 0.6 0. Al2O3+MnS 1651. 1.25 4.0 0.0018 0.07
271 0.121 1.0 0. other 1645. 1.20 4.6 0.0020 0.07
272 0.201 1.3 114. MnS + coal. 1760. 1.13 8.8 0.0026 0.10
273 0.197 1.7 110. MnS + coal. 1705. 1.02 10.7 0.0030 0.11
274 0.197 1.2 140. MnS 1770. 1.15 8.5 0.0025 0.10
275 0.187 1.3 57. MnS + coal. 1737. 1.13 8.1 0.0025 0.09
276 0.130 0.5 0. other + MnS 1651. 1.26 3.9 0.0018 0.07
277 0.200 0.9 44. MnS 1790. 1.21 7.6 0.0023 0.09
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C.2.2 Compact Tension Specimens

Table C.14: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation (i.e. failure of the specimen). CT specimens (d = loadline
displacement).

specimen T d x y type σ1 σh/σeq ε̇eq f
number [◦C] [mm] [mm] [µm] [MPa] [%] [%]
801 -59. 0.762 4.80 0.14 MnS cluster 1725. 2.28 3.23 0.16
802 -56.5 0.45 5.07 0.06 single MnS 1716. 2.26 3.63 0.16
804 -59. 0.543 9.40 0.08 MnS cluster 1735. 2.20 4.99 0.25
808 -62.5 0.654 8.87 0.44 MnS + inclusion 1595. 2.40 0.53 0.56
812 -60.5 0.475 5.87 0.09 single MnS 1731. 2.26 4.03 0.19
814 -61.5 0.735 7.93 0.37 MnS cluster 1680. 2.53 0.78 0.66

807 -90. 0.645 11.53 0.33 MnS cluster 1713. 2.50 0.55 0.06
809 -92. 0.536 12.47 0.68 single MnS 1477. 2.13 0.23 0.01
810 -91.5 0.386 12.00 0.16 inclusion 1615. 2.35 0.39 0.06
811 -92. 0.561 8.07 0.42 inclusion 1584. 2.29 0.36 0.05
813 -92. 0.23 9.70 0.03 inclusion 1608. 2.29 0.99 0.07
815 -90.5 0.19 4.60 0.20 MnS + inclusion 1259. 1.76 0.08 0.05
816 -90. 0.356 6.53 0.35 single MnS 1430. 2.05 0.18 0.05
817 -89.5 0.684 7.00 0.05 MnS cluster 1761. 2.00 8.59 0.55
818 -90. 0.696 4.53 0.13 inclusion 1783. 2.35 2.51 0.13
819 -89. 0.774 10.80 1.27 single MnS 1444. 2.07 0.03 0.01
821 -89.5 0.57 8.53 0.24 single MnS 1711. 2.50 0.56 0.06
822 -90.5 0.438 2.73 0.29 single MnS 1476. 2.07 0.57 0.06
823 -89. 0.375 10.80 0.24 MnS cluster 1526. 2.21 0.23 0.05
824 -89. 0.477 4.80 0.52 MnS + inclusion 1417. 2.02 0.31 0.05
825 -92.5 0.546 10.13 0.68 inclusion 1477. 2.13 0.23 0.05
826 -92. 0.357 10.67 0.26 MnS cluster 1554. 2.25 0.25 0.05
827 -91.5 0.624 8.07 0.65 single MnS 1528. 2.20 0.34 0.05
828 -89. 0.537 7.27 0.13 single MnS 1724. 2.49 0.90 0.07
829 -89.5 0.729 8.73 0.34 inclusion 1736. 2.52 0.74 0.06
830 -91.5 0.41 6.20 0.27 MnS + inclusion 1566. 2.27 0.31 0.05
832 -91. 0.304 3.07 0.20 MnS cluster 1492. 2.13 0.30 0.05
833 -90. 0.729 5.60 0.71 single MnS 1422. 1.97 0.07 0.01
834 -90. 0.8 10.73 1.22 MnS + inclusion 1470. 2.10 0.04 0.01
836 -89.5 0.534 8.73 0.13 MnS 1733. 2.53 0.84 0.07
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C.2.3 Charpy Tests

Table C.15: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation. CVN specimens tested at a nominal temperature of T =
−90 ◦C (d = compliance-corrected displacement, see appendix C.1.5).

spec. d x y type σ1 σh/σeq εpl ε̇eq f T
nr. [mm] [mm] [mm] [MPa] [%] [s−1] [%] [◦C]
901 0.424 1.20 0.16 single MnS 1600. 1.025 6.78 1230. 0.085 -73.64
902 0.909 2.54 0.28 MnS cluster 1894. 1.293 9.25 919. 0.146 -67.13
903 0.520 4.18 0.42 inclusion 1854. 1.682 1.94 402. 0.066 -85.94
904 0.472 3.30 0.34 inclusion 1818. 1.508 2.87 606. 0.071 -83.76
906 0.397 2.56 0.18 single MnS 1656. 1.083 7.34 1650. 0.094 -72.07
909 0.412 2.78 0.46 inclusion 1696. 1.547 1.22 314. 0.057 -87.52
910 0.332 4.76 0.08 inclusion 1453. 0.799 11.96 2990. 0.133 -58.65
913 0.275 4.64 0.34 MnS cluster 1659. 1.577 0.81 317. 0.055 -88.37
922 0.721 2.30 0.36 MnS cluster 1881. 1.493 3.80 476. 0.080 -81.56
923 0.833 4.74 0.68 inclusion 1820. 1.705 1.49 163. 0.061 -86.96
924 0.497 3.88 0.22 inclusion 1800. 1.300 5.90 1140. 0.093 -76.05
925 0.719 4.52 0.56 inclusion 1857. 1.740 1.56 210. 0.062 -86.81
927 0.833 2.94 0.26 single MnS 1908. 1.338 8.30 918. 0.135 -69.74
928 0.409 3.16 0.32 single MnS 1766. 1.546 2.00 530. 0.064 -85.78
929 0.388 2.11 0.02 (stretch zone) 1475. 0.773 16.23 3150. 0.228 -46.02
930 0.519 4.64 0.32 single MnS 1857. 1.511 3.50 695. 0.078 -82.25
931 0.559 3.06 0.62 inclusion 1676. 1.556 1.11 183. 0.056 -87.77
932 1.011 1.44 0.38 MnS cluster 1823. 1.290 6.10 510. 0.091 -75.76
933 0.558 1.24 0.40 large facets 1470. 1.131 2.36 313. 0.059 -84.99
934 0.447 4.40 0.06 (stretch zone) 1485. 0.770 20.56 3690. 0.399 -32.78
935 0.352 2.50 0.06 (stretch zone) 1461. 0.786 13.42 3020. 0.159 -54.37
936 0.317 4.16 0.30 inclusion 1710. 1.586 1.22 409. 0.058 -87.51
A23 0.339 1.46 0.08 MnS cluster 1448. 0.775 12.71 2690. 0.144 -56.51
A24 0.470 1.84 0.52 MnS cluster 1569. 1.378 1.33 246. 0.056 -87.29
A25 0.519 3.16 0.56 single MnS 1756. 1.621 1.34 246. 0.059 -87.28
A26 0.595 4.56 0.34 (grain boundary) 1886. 1.466 4.62 776. 0.090 -79.45
A27 0.570 4.82 0.22 MnS cluster 1822. 1.263 7.75 1260. 0.115 -71.07
A28 0.570 4.14 0.22 large facets 1820. 1.260 7.70 1230. 0.114 -71.21
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Table C.16: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation. CVN specimens tested at a nominal temperature of T =
−60 ◦C (d = compliance-corrected displacement, see appendix C.1.5).

spec. d x y type σ1 σh/σeq εpl ε̇eq f T
nr. [mm] [mm] [mm] [MPa] [%] [s−1] [%] [◦C]
907 2.214 2.48 0.90 MnS cluster 2101. 1.66 7.18 292. 0.106 -44.29
911 0.737 3.94 0.32 MnS cluster 1853. 1.37 7.66 891. 0.134 -42.64
912 1.167 3.62 0.70 single MnS 1810. 1.63 2.59 182. 0.069 -54.90
915 1.411 4.40 0.36 MnS cluster 1972. 1.41 14.70 539. 0.356 -24.23
918 1.007 4.14 0.30 MnS cluster 1855. 1.28 12.03 1120. 0.240 -31.18
975 1.547 4.36 0.38 inclusion 2120. 1.61 10.74 555. 0.231 -34.98
976 1.199 3.40 0.68 MnS cluster 1896. 1.66 3.28 255. 0.079 -53.38
977 0.912 2.68 0.56 inclusion 1726. 1.48 2.77 253. 0.068 -54.48
978 1.360 2.74 0.60 MnS cluster 1918. 1.58 4.56 317. 0.089 -50.47
979 1.423 3.88 0.60 large facets 1957. 1.63 4.75 334. 0.098 -50.04
980 0.435 4.50 0.66 inclusion 1618. 1.63 0.67 143. 0.054 -58.76
981 0.937 4.06 0.46 MnS cluster 1919. 1.59 4.47 448. 0.096 -50.60
982 0.660 2.86 0.40 MnS cluster 1829. 1.55 3.40 466. 0.079 -53.01
984 0.485 4.34 0.48 inclusion 1702. 1.70 0.95 209. 0.057 -58.21
985 0.899 4.20 0.18 MnS cluster 1762. 1.13 16.55 1580. 0.384 -18.56
986 1.237 3.74 0.46 MnS cluster 1947. 1.49 7.56 633. 0.148 -43.07
987 1.362 4.50 1.00 inclusion 1668. 1.55 1.93 111. 0.061 -56.31
988 1.299 4.40 0.70 inclusion 1904. 1.71 2.95 214. 0.075 -54.14
989 1.769 4.46 0.38 inclusion 2189. 1.62 17.04 3620. 0.656 -17.75
991 1.510 4.50 0.42 MnS cluster 2021. 1.52 10.33 363. 0.217 -36.03
992 2.654 2.54 0.94 MnS cluster 2101. 1.66 7.18 292. 0.106 -38.61
994 1.325 4.36 0.50 MnS cluster 1969. 1.60 5.77 458. 0.120 -47.56
996 1.224 4.50 0.72 inclusion 1854. 1.70 2.51 185. 0.070 -55.08
998 1.571 3.88 0.54 inclusion 1973. 1.54 7.55 264. 0.147 -43.21
999 1.323 4.00 0.40 MnS cluster 1939. 1.45 8.73 651. 0.172 -40.11
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Table C.17: The `local' values of some mechanical variables at the cleavage initiation locations,
at the instant of crack initiation. CVN specimens tested at a nominal temperature of T =
−30 ◦C (d = compliance-corrected displacement, see appendix C.1.5). Very low values of σ1

as well as f = 21.2% indicate that the corresponding �nite elements have already failed.

spec. d x y type σ1 σh/σeq εpl ε̇eq f T
nr. [mm] [mm] [mm] [MPa] [%] [s−1] [%] [◦C]
905 2.558 4.26 0.92 MnS cluster 2257. 1.983 7.13 947. 0.182 -14.95
908 1.667 4.08 1.02 MnS cluster 1780. 1.680 2.73 135. 0.068 -24.86
914 2.293 4.24 0.86 MnS cluster 2265. 2.053 5.67 558. 0.126 -18.41
916 4.229 3.60 1.78 MnS cluster 1568. 1.074 30.75 3681. 2.695 47.70
921 3.801 4.50 1.16 MnS cluster 1. 0.566 64.68 9. 21.2 139.4
A00 4.411 4.12 2.10 MnS cluster 2239. 2.209 3.95 307. 0.11 -22.31
A01 0.813 4.50 0.32 (grain boundary) 1788. 1.327 9.83 1020. 0.180 -7.91
A02 2.649 3.20 0.98 MnS cluster 2251. 1.914 8.54 1180. 0.218 -11.54
A03 1.353 2.76 0.40 MnS cluster 1853. 1.433 8.62 655. 0.160 -11.17
A04 1.252 3.80 0.58 MnS cluster 1846. 1.661 3.63 273. 0.083 -22.88
A05 1.538 2.94 0.54 single MnS 1856. 1.468 7.70 396. 0.140 -13.49
A06 1.265 2.80 0.32 MnS cluster 1806. 1.319 11.72 903. 0.234 -3.30
A07 2.492 1.96 0.90 MnS cluster 2107. 1.738 7.78 323. 0.115 -13.49
A08 2.589 4.50 0.84 MnS cluster 1976. 1.478 16.83 3700. 0.819 10.23
A09 3.080 2.52 0.78 MnS cluster 1. 0.532 66.17 7. 21.2 142.83
A10 3.199 4.50 1.18 MnS cluster 1951. 1.459 16.26 2900. 0.768 8.54
A11 3.705 4.50 1.08 MnS cluster 1. 0.566 64.68 9. 21.2 139.4
A13 2.383 3.76 0.86 MnS cluster 2276. 2.012 6.62 618. 0.140 -16.20
A14 2.573 4.40 0.80 MnS cluster 2108. 1.665 12.62 2530. 0.471 -1.00
A15 2.529 3.68 0.98 MnS cluster 2277. 1.993 7.21 813. 0.163 -14.80
A16 1.389 3.14 0.42 MnS cluster 1845. 1.407 9.43 682. 0.177 -9.19
A17 1.894 4.50 0.54 MnS cluster 2240. 1.917 7.66 872. 0.168 -13.66
A18 5.009 3.64 2.08 MnS cluster 2045. 1.670 12.32 1374. 0.565 -1.96
A19 1.114 4.50 0.76 single MnS 1756. 1.688 2.32 173. 0.068 -25.66
A20 1.785 2.78 0.60 MnS cluster 1966. 1.606 7.27 266. 0.129 -14.60
A21 2.348 4.50 1.14 MnS cluster 2009. 1.903 3.60 115. 0.078 -23.05
A22 1.015 4.02 0.42 MnS cluster 1862. 1.558 5.50 507. 0.112 -18.62


