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EXECUTIVE SUMMARY

The document chronicles, and draws summary conclusions from, the activities of the X4 R&D Support
Group from the start of the project on January 1, 2000 to the time of the Technical Review Meeting in
Mol: 27-29 June, 2005. The objectives to be accomplished were set out in a Baseline document.
These were: to define the lower target flow configuration, within the geometric constraints imposed by
the physical boundary conditions (geometrical confinement, lead-bismuth eutectic (LBE) inventory,
pump capacities, target heat exchanger (THX) power, etc.); to identify, and evaluate, optimum target
window design to minimise thermal loads and pressure drops, and to avoid hot-spots and flow
instabilities; to demonstrate reliable cooling of the lower target enclosure (LTE); to demonstrate the
structural integrity of the lower section of the liquid-metal container (LMC) and its internal components,
and that of the LTE; to provide best-estimate safety margins on target coolabiiity and structural
integrity under operational flow conditions; to investigate, quantify, and make recommendations
regarding, abnormal target operation (including possible accident scenarios).

The X4 Group has been very active in pursuit of these objectives over the duration of the project: 22
coordination meetings have been held, and 52 citable documents have been produced (listed in
Annex 4). A balanced programme of numerical and experimental work has been followed, consisting
of fundamental engineering studies, detailed computational fluid dynamics (CFD) simulations of the
lower target thermal hydraulics, finite-element (FE) analysis of the stresses in the target hull and
component structures as a result of the mechanical and thermal loads on them, and both generic and
prototypic experimentation.

The time-scale set for MEGAPIE was always such that much of the design work needed to be carried
out at the same time as the R&O support. Often, the target design was changing faster than the time
required to perform the detailed computer simulations. As a consequence, many of the simulations
reported or referenced in this document do not refer to the very latest target design, and in many
respects the results and conclusions must be regarded as generic in nature. Nonetheless, very
valuable work has been carried out by the various organisations, and better understanding of the
expected temperature distributions and stress levels in the operating MEGAPIE target has been
gained, and direct feed-back to the design team on various aspects of the design details has taken
place as a consequence of this work.

As the design approached maturity, the numerical models were updated and, based on the experience
gained from the formative years of the X4 Group, rapid updates of results was made possible. In many
cases, the basic principles had been established from the earlier, fundamental studies, and only
required tuning to fit the later design details.

Valuable data has come from the experiments performed in a representative MEGAPIE geometry and
under near prototypic flow conditions. The data have fed directly into the project thinking, and have
constituted a database for the validation of the thermal-hydraulic numerical tools used by the Group.

The numerical and measured data collated in this document provides a comprehensive reference
point for target behaviour in advance of it actually being connected to the coolant loops, tested, and
ultimately exposed to the proton beam. The picture is not complete, and work remains ongoing,
particularly in regard to fluctuations in the flow field. Nonetheless, a level of confidence in lower target
coolabiiity has been established, and is documented herein.

1/103



TABLE OF CONTENTS

Executive Summary 1

1. Introduction 3

2. Objectives 4

3. Pre-MEGAPIE Activities 4

4. CFD Modelling: General Considerations 4
4.1 CFD Modelling 4
4.2 Structure Mechanics Modelling 7

5. Lower Target Design Optimisation 8
5.1 Beam Heat Deposition 8
5.2 FZK:FLUTAN 9
5.3 FZK: CFX-4/CFX-5 11
5.4 CEA:.STAR-CD 13
5.5 PSI:CFX-4 17
5.6 KAERI:CFX-4 20
5.7 Summary 20
5.8 Stress Analysis 21

6. Safety Hull Design Optimisation 23

7. Analysis of Transients 25
7.1 Beamtrip and Restart 27
7.2 Failure of Main Pump 29
7.3 Failure of Bypass Pump 32

8. Analysis of Accident Sequences 34
8.1 Beam Over-Focussing 34
8.2 Leak of D2O into He Space 37
8.3 Leak of LBE into He Space 40

9. LBE Freezing 52
9.1 Experiments PSI 52
9.2 Experiments ENEA 54
9.3 Calculations ENEA 55

10. Validation and Benchmarking 59
10.1 HYTAS 60
10.2 KILOPIEHETSS 62
10.3 KILOPIE IRTfTC 63
10.4 Heated Jet Experiment 65
10.5 Other Tests 73

11. Synthesis and Final Summary 87

Annex 1: Organisations 91
Annex 2: Description of CFD Codes 93
Annex 3: Glossary 96
Annex 4: Documentation/References 98

2/103



1. INTRODUCTION

Following preliminary meetings between the original proponents of MEGAPIE (PSI, CEA, FZK) in
1999, the project was formally launched on January 1, 2000 (Bauer et al., 2001). The original intention
was for the installation of the target in the PSI neutron spallation facility SINQ, to take place during
beam shut-down in February 2004, and an appropriate time-table for the design, manufacture, testing,
commissioning and operation of the target was thereby formulated. As may have been anticipated for
such a first-of-a-kind technology, the schedule was over-ambitious, and the irradiation of the target is
now expected to take place during 2006.

At an early stage, it was anticipated that the design and engineering part of the project would require
active R&D support from a number of specialist scientific areas, to answer fundamental questions
relating to the various stages of target design, construction, etc., but also to define operating
parameters, and to provide evidence that the target is safe and robust.

Within the MEGAPIE research programme (Bauer et al., 2001), the R&D group labelled X4 was set up
to address issues relating to the overall coolability and structural integrity of the target hull and safety
vessel. Specifically, coolability relates to the efficient transport of heat from the heat-producing regions
to the heat exchangers, and the protection of structures from over-heating (local hot-spots) and
excessive thermal gradients, which would result in excessive stress concentrations.

The time-scale set for MEGAPIE was always such that much of the design work needed to be carried
out at the same time as the R&D support. Often, the target design was changing faster than the time
required to perform the detailed computer simulations. As a consequence, many of the simulations
reported or referenced in this document do not refer to the very latest target design, and in many
respects the results and conclusions must be regarded as generic in nature. Nonetheless, very
valuable work has been carried out, diligently and professionally, by the various organisations, and
better understanding of the expected temperature distributions and stress levels in the operating
MEGAPIE target has been gained, and direct feed-back to the design team on various aspects of the
design details has taken place as a consequence of this work.

As the design approached maturity, the numerical models were updated and, based on the experience
gained from the formative years of the X4 activities, more rapid progress was made possible. In many
cases, the basic principles had been established from the earlier, fundamental studies, and only
required tuning to fit the later design thinking. The document faithfully chronicles the workings of the
X4 group during the project, and the principal conclusions. The recommendations drawn, valid at the
date on the front page, are summarised herein.

Participating Organisations

The original work programme was set out in a Baseline Documents (Smith, 2000), but it is still worth
summarising here the list of tasks, and the organisations which have taken responsibility for their
completion. This is most conveniently portrayed in the form of a Table, which appears below.

Table 1.1 Breakdown of tasks

Description of Task

Cooling of target window

Stresses in target window
Cooling of safety window
Stresses in safety window
Engineering studies

Safety window experiment
Target window experiment
Target window experiment
Benchmarking and
validation

Method of Analysis
CFD codes (STAR-CD, CFX-4, FLUTAN,
TRIO-U)
FE code ABAQUS
CFD code (CFX-4)
ANSYS
Lumped-parameter models

Flow visualisation test (H2O)
HYTAS visualisation tests (H2O)
KILOPIE heat transfer tests (LBE)
Code comparisons and analysis of tests

Organisations

CEA, CRS4, FZK,
KAERI, PSI
ENEA
PSI
PSI
ANSALDO, ETHZ,
PSI
PSI
FZK
FZK, PSI
CEA, CRS4, KAERI,
PSI
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2. OBJECTIVES

Given the principal objective of the X4 group's activity to deal with issues relating to the overall
coolability and structural integrity of the lower target, the first point to be made is that it is not
straightforward to verify the cooling principle by means of an integral test experiment, because of the
difficulty of realistically reproducing the volumetric heating effect at representative power levels without
actually using a beam. Consequently, the studies focus on the use of advanced numerical tools, both
for the thermal hydraulics simulations and the associated structural analyses. Of necessity, a high
level of confidence in the computations must be demonstrated, and consequently special-effects
experimental tests using actual and simulant materials form an integral part of the programme.

The objectives of the X4 work package are itemised below.

• To define the primary circuit flow configuration, within the geometric constraints imposed by
the physical boundary conditions (geometrical confinement, LBE inventory, pump capacities,
THX power, etc.). In particular, to consider design options for the cooling mode. (Baseline
considerations focussed on combined natural circulation for the main spallation region, and
forced flow for by-pass beam window cooling. However, later designs concentrated on totally
pumped flow, once it was concluded that two EMPs could be accommodated within the upper
target enclosure.)

• To identify, and evaluate, optimum target window design to minimise thermal loads and
pressure drops, and to avoid hot-spots and flow instabilities.

• To demonstrate reliable cooling of the safety-hull window using existing SINQ water circuits.

• To demonstrate the structural integrity of the target vessel and internal components, and the
safety hull.

• To provide both conservative and best-estimate safety margins on target coolability and
structural integrity under operational flow conditions.

Consideration of the design options for the cooling mode was a key component in the project, and
linked to most other work packages. To reduce uncertainties, basic analytical studies, detailed
numerical simulations, together with careful experimentation using actual and simulant materials, were
all foreseen. It was also seen to be necessary to identify and quantify normal and abnormal transient
behaviour of the target, operational efficiency, fault propagation and damage limitation.

3. PRE-MEGAPIE ACTIVITIES

The MEGAPIE project inherited from its partners, not only their existing expertise and experience, but
data from related activities which had taken place before the project had started. Since many of these
later fed into the project, and will be referenced in this report, it is worthwhile to categorise them here.
Annex 1 gives some details of the involvement of the various organisations in activities which related
directly to the tasks within the X4 group.

4. NUMERICAL MODELLING: GENERAL CONSIDERATIONS

4.1 CFD Modelling

Computational Fluid Dynamics (CFD) has developed over the last 20 years into a reliable tool for
analyzing complex flow situations, and has become an invaluable aid to design practice in, for
example, the automotive, aerospace and turbo-machinery industries. However, CFD is not as mature
a technology as the Finite Element Method (FEM), as embodied in commercial stress-analysis codes
such as ANSYS, ABAQUS, NASTRAN, ADINA, etc. The main difficulty is that industrial-type CFD is
highly non-linear, and resolution of flow structures spanning a wide range of scales (e.g. boundary and
free-shear layers, vertical structures, zones of recirculation, etc.) is required. This means that very
careful and time-consuming mesh generation, with mesh refinement in regions of strong gradients, is
an important precursor to any complex CFD simulation. The application of CFD to complex flow
problems requires considerable experience, and critical interpretation of the results must be
undertaken from a position of fundamental knowledge of fluid dynamics (and in the present context
also heat transfer).
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Though universities and government laboratories may continue to pursue in-house CFD development,
this activity is strictly limited to departmental specialities, and the major steps forward in CFD
technology from an industrial standpoint is now being undertaken by commercial vendors of CFD
software. The major players in this league are CFX, FLUENT and STAR-CD. Worldwide, current
estimates of regular users of commercial CFD codes is 25'000 to 30'fJOO, and the number has been
growing steadily by 15% to 20% annually for some years. This growth has enabled the major CFD
vendors to sponsor, and more generally to become actively involved in, the development of innovative
numerical modelling techniques, which they hope to convert into profit-based growth in the future.
Examples are direct funding of master and doctoral programmes at universities and direct participation
in EU-funded framework programmes.

The general picture emerging is that CFD is rapidly expanding into a trustworthy science, with a very
large database of proven capability. Nonetheless, the codes are only as good as the physical models
programmed into them: in particular, turbulence modelling, multi-phase phenomena, chemical species
interaction and combustion are all areas requiring further development. In addition, because of the
complexity of modern commercial CFD packages, great care is needed in input preparation and
equation solving to avoid errors. Some of these points are expanded in the subsections that follow.

Turbulence Modelling

A typical Reynolds number for the bulk LBE flow in the target is 200 000, at which turbulent flow
conditions are to be expected. Almost exclusively, the CFD simulations for MEGAPIE incorporate
standard Reynolds-Averaged Navier Stokes or RANS turbulence models (usually the High Reynolds
Number k-e model), which return only mean values for the velocities and temperatures. However,
turbulence is not a small-scale phenomenon. For the Reynolds number quoted above, the ratio of the
largest to smallest turbulent eddies is 104. The RANS models average over all of these length scales
to produce their estimates of the mean quantities. Most of the information relating to the scale of
variation - turbulent flows are highly irregular and unsteady - is lost in this process, though the mean
turbulent kinetic energy, k, does provide a measure of the average size of the velocity fluctuations.

Consequently, it was recognised from the beginning of the project that sample thermal-hydraulic
calculations would need to be performed using the LES technique. In this approach, the largest
turbulence scales, which carry the bulk of the energy, are computed explicitly, while the smaller scales
are modelled. Such calculations are, of necessity, three-dimensional and time-dependent. Hence they
are very computationally expensive. In the context of MEGAPIE, LES calculations are only lately being
carried out, and so, almost exclusively, the flow and temperature levels quoted in this document refer
to mean quantities.

The k-e model, though now over 30 years old, is still regarded as the industrial standard turbulence
model, simply because it is robust and cheap. This is not to say that industry is satisfied with the
results given by the model, only that huge amounts of extra effort are required to moderately improve
predictions, and therefore in the industrial context are not justified. Basically, the model is one of
momentum transfer (except for a few special flow types, such as impinging jet heat transfer), and extra
problems with transfer are not due to basic deficiencies in the model, but result from treating turbulent
heat transfer in accordance with the Reynolds analogy, which relates the turbulent heat flux to the
mean temperature gradient via a turbulent Prandtl number. Nonetheless, the model also has rather
well-known deficiencies regarding certain flow types (swirling flows, spreading of jets). This means
that, for CFD applications to MEGAPIE, there is a definite need to benchmark the various simulations
being undertaken, and validate the code predictions against experimental data, where available.
Within the activities of the X4 Group, such exercises have been carried out (see Section 5).

Code Limitations and Uncertainties

Today, CFD is a very exact and trustworthy science. However, like any precision instrument, a state-
of-the-art, general-purpose, commercial CFD package is a very complex entity, and demands respect
in its application. The widespread use of such codes in industry, and the increasing reliance which is
now placed on the predictions from the codes, has prompted several recent initiatives to produce a
documented 'Code of Conduct' or 'Best Practice Guidelines' (ERCOFTAC, 2000), which users are
urged to follow in order to produce high quality simulations. Nonetheless, quality assurance in regard
to CFD is best achieved by means of benchmarking, which is why such an exercise has been built into
the project structure.
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The principal analysis tools used for the target CFD simulations are FLUTAN, an in-house code
development at FZK (early simulations only), and the two commercial codes CFX-4, used by PSI, FZK
and KAERI, and STAR-CD, employed by CEA and CRS4. More recently, the code CFX-5 has been
adopted by FZK for an extensive study of window/LBE heat transfer, and for pre-calculations to the
KILOPIE-1 experiment by Vannini et al. (2003).

All codes are capable of representing the target geometry realistically, employing body-fitted
coordinates and either structured or unstructured grids; further details of the codes are given in
Annex 2 of this report. Nonetheless, sources of error and uncertainty are always present in CFD
simulations: numerical errors, model errors, user errors, bugs in the program, application uncertainties,
convergence problems, etc.

Modelling errors arise due to inadequacy of the equation set to describe the physical situation. A
typical example is turbulence modelling, as outlined above.

Numerical errors arise because of differences between the exact conservation equations which need
to be solved and the discretised set actually used by the code. Consistency checks can be made to
ensure the solution is mesh independent, that convergence criteria are tight enough, that wall
boundary conditions are applied consistently, etc. by performing parameter studies with finer meshes,
smaller time-steps, higher-order discretisation schemes, but are not always practical when performing
production runs.

User errors are manifold, but can be reduced with experience, correct supervision, and/or active
communication with other users. Typical user errors are: oversimplification of the problem, poor mesh
quality, use of incorrect boundary conditions, use of incorrect physical models, inadequate solver
parameters (e.g. too large a time step), acceptance of non-converged solutions, misinterpretation of
results, and of course everyone, however experienced and conscientious, can make simple blunders.

Software errors are often very difficult to detect in commercial codes because invariably the source is
not available for inspection. Additionally, there could also be incorrect or misleading information in the
associated documentation, or there could be limitations in the use of some models in the code of
which the user is unaware.

Need for Benchmarking

To summarise, quality control is necessary when performing CFD simulations. For the MEGAPIE
project, the different groups performed varied simulations, each group concentrating in specific areas
where particular thermal-hydraulic information was required. For the target window modelling,
however, sufficient overlap of the work existed for a numerical benchmarking exercise to be defined. A
simplified design of the lower target was used for this benchmark problem; see Fig. 4.1. The model
consisted of the target window and hull up to a height of 2150 mm, a slanted guide tube, with (vertical)
gaps of 10 mm and 30 mm at the extremes, and the lower part of the central instrumentation rod. For
simplicity, no bypass channel was included, but the slanted guide tube did provide a sufficiently strong
cross-flow over the window to move the stagnation point of the converging streams outside of the
beam-heating region, and for the flow to be stable. Apart from the geometry, all other physical
conditions (material properties, power deposition, inlet flowrate) have been defined to ensure
standardisation. However, participants were free to choose their own mesh, differencing schemes and
other numerical parameters, and turbulence model. A comparison of the results has been reported
(Smith et al., 2003).

Validation

Experimental validation, as far as this was possible, was always considered to be a vital component of
the quality assurance process associated with the ongoing CFD simulations. Prior to the start of the
project, thermal-hydraulic experiments had been carried out in similar geometry at IPUL (Riga) using
mercury as working fluid (Platnieks et al, 1998). Additionally, within the project, lower target simulation
tests were performed at FZK: flow visualisation tests in the HYTAS facility using water as simulant fluid
(the test programme was completed in Dec. 2004), and tests (KILOPIE) with LBE were also performed
to investigate window to coolant heat transfer.

One of the Riga tests became a benchmark problem for the EU-supported ASCHLIM project (see
Section 9), and simulation results are now available for comparison against test data. Analysis of the
HYTAS tests has started (see Section 9), but data from the KILOPIE-1 test have been questioned
because of unknown thermal contact problems between the HETSS devices and the LBE.
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Figure 4.1: Description of the MEGAPIE target geometry used for Benchmark M1.

4.2 Structure Mechanics Modelling

In the field of engineering design, numerical stress analysis of very complex, linked structures is
nowadays almost exclusively performed using one of a variety of highly developed finite element
structural programs. The big three Finite Element Method (FEM) codes are ABAQUS, ANSYS and
NASTRAN. In contrast to CFD, which still requires active development, both of the numerical
algorithms and the physical models, FEM is firmly established as an engineering tool of wide
applicability, and is employed for design purposes in many branches of technology. The most
successful application of FEM is in the field of stress analysis of linear elastic systems, for which the
method is considered so reliable that an automatic link now often available to standard
CAD/CAE/CAM packages, so that the stress analysis of a structure can be carried out simultaneously
with the design procedure.

The basic concept is that a structure of almost arbitrary complexity may be divided into an assemblage
of smaller elements, connected at a finite number of joints called nodes. In its earlier formulation, FEM
relied heavily on a physical interpretation in which the structure was assumed to be connected
discretely at the nodes. Later formulations involved the use of the principle of virtual work and energy
methods, and later still on the method of weighted residuals. In fact, the idea of finite elements could
be applied to any mathematical problem for which a variational functional exists, and FEM has
expanded into a general method for solving partial differential equations.

Once the problem has been discretised into elements, the equations of equilibrium for the entire
structure may be obtained by combining the separate equilibrium equations of each element so as to
ensure continuity at each node. The necessary boundary conditions are then imposed, and the
equations of equilibrium are solved to obtain the required variables such as stress, strain, temperature
distribution or even velocity, depending on the application. The modular structure of the method is well
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exploited in various disciplines of engineering. Clearly, the success of the method as a practical design
aid depended on the availability of an efficient means of solving the resulting system of equations.
Even for linear systems, this requirement presented a practical limitation to the on-line use of the
method, due to limitations in computing power. With the advent of large core storage capabilities and
faster CPUs, this limitation has largely been removed, except for non-linear applications.

In the context of the MEGAPIE project, the FEM packages ANSYS (PSI) and ABAQUS (ENEA) have
been used extensively, but not exclusively, as the structural analysis end-points of associated CFD
simulations. An aid to this synergy was the construction of an automatic data transfer program from
the CFD code CFX-4 to both ANSYS and ABAQUS, which enabled the mechanical (i.e. fluid pressure)
and thermal loads to the structural components to be applied on an element-by-element basis,
avoiding the need to define average heat transfer coefficients and to recalculate the heat transfer
problem at the FEM stage. In addition, advanced models in ANSYS and ABAQUS were used for some
special applications involving fluid motion and liquid freezing. Details are given under appropriate sub-
headings in the Sections below.

5. LOWER TARGET DESIGN OPTIMISATION

5.1 Beam Heat Deposition

Determination of the best-estimate steady-state beam footprint and axial heat deposition profile has
been the subject of a neutronics benchmark exercise within the MEGAPIE project. Earlier CFD
calculations reported here were carried out using the axial heat deposition profile in the LBE shown in
Fig. 5.1a, which had been determined in 2001 using the FLUKA particle transport code. Heat
generation is limited to an axial height of 0.27 m, just beyond the Bragg Peak, even though some
secondary reactions are expected higher up.

Bypass Nozzle
When Aligned With

Bypass Nozzle Beam Major Axis
When Aligned With
Beam Minor Axis

) 10 20

Axial distance from window inner surtax» (cm)

Figure 5.1 Heat deposition curves
(a) Axial; (b) Radial

2.5a Radial Limit
of Beam Footprint
(82.75 x 47.5 mm)

1.0a Radial Limit
of Beam Footprint

(33.1x19 mm)

The beam footprint in the radial direction is elliptical. The heat deposition distribution is Gaussian, with
different rates of radial decay along the major and minor axes. These decay rates are also functions of
depth of penetration of the beam into the LBE. The resulting beam footprint at the window is elliptical,
as illustrated in Fig. 5.1b, where the footprint on the window is outlined at the levels where the
deposition density has dropped to 1.0 a of the local axial value (one standard deviation) and 2.5 o.
Beam orientation relative to the bypass nozzle can also be seen schematically in this sketch.

Assuming a proton beam current at the target of 1.74 mA (adopted for design studies), the heat
deposited in the various target components has been calculated during a CFD simulation of the lower
target using the code CFX-4: LBE 693 kW; window 5.5 kW; guide tube 6.3 kW; cylindrical section of
the hull 1.3 kW. No heat is deposited in the central rod, as it is above the limit of heat generation. The
actual values depend slightly on the degree of refinement of the mesh in the heat deposition region,
but are representative of all the CFD studies undertaken in the context of the project.

As the neutronics studies for MEGAPIE progressed, it became necessary to modify the heat
deposition profile estimates. The current best-estimate heat deposition profile equations for the lower
target, for a 1.74 mA beam, are given by the following equations (Dury, 2003):
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Window: In the T91 steel of the target window, i.e. the hull between 0.0 < z < 0.088m :

Q = 1.428 *10y*e -0.3846+e
W/mc

(1)

where x and y are the planar coordinates, in metres, centred on the target centre-line, and the radial

beam profile parameters are: crx = 0.021 m and <Jy = 0.0378 m

Lead-Bismuth Eutectic (LBE): In the axial range 0.0<z<0.27/w:

1.0 + 550.0 *{zd-z)*e

where:

A
Z

Za

\.0-e

2
*e

Constant = 1.48*10
Local height, from the lowest point of the LBE (m)

W/mc

Local volumetric heat deposition rate (W/m/mA)

(2)

0.145 m = 0.045 m Z c = 0.045 m

Zd = 0.267 m Ze= 0.0045 m
|... | = Absolute value of the expression (m)
X = Local x-coordinate (m)
y = Local y-coordinate (m)

ax(z) = 0.0205 +0.0155z + 0.121z2 m

oy(z) = 0.0256 + 0.0256z + 0.0839z2 m

The last two expressions define the height-dependent radial profile parameters.

Hull above the domed window: guide tube: bypass, fill and drain pipes:

Equation 2 is applicable, using the constants = 1.39*1O9(W/m3).

Over the window, the beam footprint remained elliptical, similar to that shown in Fig. 5.1b, but the
eccentricity within the LBE was less pronounced than before, and the issue of beam orientation with
respect to the major axis became less important. For a proton beam current at the target of 1.74 mA,
the heat deposited in the various target components (again using CFX-4) are now: LBE 709.9 kW;
window 5.3 kW; guide tube 6.0 kW; cylindrical section of the hull 1.1 kW. Overall, these changes are
small, and the refinement of the profile does not affect the general conclusions of the earlier studies.

5.2 FZK FLUTAN

A description of the FLUTAN code, and a list of references, is given in Annex 2 of this report. The
simulations to be summarised here are based on the MEGAPIE construction drawings, as they existed
in Feb. 2000. At that time, natural circulation was still considered an option for the main flow, and this
case was investigated using FLUTAN for an 'open flow' configuration with no restriction at the top of
the riser. In contrast, for the forced flow case, the flow restriction at the top of the riser section was
necessary to accommodate the EMP needed to drive the main flow (at 35 kg/s; see Fig. 5.2).
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Figure 5.2 Velocities/Temperatures from FLUTAN for the open and constricted riser geometries

Bypass cross-flow over the window was also simulated in these calculations: 1.8 kg/s and 3.5 kg/s for
the natural circulation and forced flow cases, respectively. Simulation of the Target Heat Exchanger
(THX) was necessary because of its resistance to the flow, and because it is the heat sink providing
the buoyancy effect. The THX exit temperature was set at 223°C (very close to the 230°C normally
adopted for the latest target design).

Heat deposition in the target material was 541 kW. This is rather low by current estimates, but did
follow the recommendations at the time.

A summary of the model parameters is given in Table 5.1, and some temperature predictions in
Table 5.2.

Table 5.1 Model Parameters for the FZK FLUTAN Simulations

Case
No.
FZK. 1a

FZK. 1b

Total Heat
(kW)
541

541

Window
Modelling
No

No

Flowrate
(kg/s)

35

40

Bypass
(kg/s)
3.5

1.18

Notes

Forced convection. Flow
restriction. HEX model.
Natural convection. No flow
restriction. HEX model.

There was no explicit modelling of the window structure for these calculations. Consequently, the inner
wall temperature is here taken as the same as the maximum LBE temperature near the window (from
detailed T-plots). The temperature on the outer surface is taken as 35°C higher than that on the inner
surface. This is the temperature drop needed to support the required heat flux into the LBE of the heat
generated by the beam in the window, assuming adiabatic conditions on the outer wall. The maximum
temperature in the complete fluid domain is found near the upper end of the heat-releasing zone, in
the riser, at about z=0.27 m.

Table 5.2 Maximum Temperatures (°C) obtained using FLUTAN

Case
No.

FZK. 1a

FZK. 1b

Window
(outer)

345

395

Window
(inner)

310"

360"

LBE

483

410

Guide
tube

-

-

Heater
rod

-

-

Notes

152 kW transferred from
riser to annulus
149 kW transferred from
riser to annulus

Estimated from temperature plots.
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Noticeable about these calculations are three facts. The first is that the simulations give the first
indication of the amount of heat transferred from the riser to the annulus (152kW). For the given
flowrates in Table 5.1, this transfer leads to an increase of temperature in the annulus of 30°C and
26°C, respectively, from the exit from the THX to the bottom of the guide tube, and a general raising of
the LBE (and window) temperatures. Secondly, for a "wide-throat design" in the upper target region
(i.e. with no restriction due to the heat-exchanger), a flowrate of 40 kg/s can be maintained by
buoyancy alone (Case 1b, Table 5.1). The third point is that these were the first fully 3D simulations for
the complete target assembly, and were able to provide information concerning the principal influence
of the asymmetries induced by the jet, and those generated at the lower end of the annulus, in the
riser, through the THX, and their persistence through to the upper end of the annulus. The results
show that a complex 3D flow inside the annulus occurs, so that any accurate prediction of the thermal
hydraulics in the window region requires modelling the full height of the annulus.

In this simplified new geometry (with data provided in 2000), the results indicate that buoyant mean
flow, in combination with a forced jet flow, would be capable of cooling the window. This is in contrast
to the findings for the earlier design.

5.3 FZK CFX-4/CFX-5

In later studies at FZK, the CFX-4 code (CFX-4.3, 2000) was used for the simulations. At the time
these calculations were performed, the guide tube was assumed to be 5mm thick in order to
accommodate electrical heaters and insulation, and there was no central instrumentation rod. Later
the design was changed, but updated simulations have only been undertaken in the context of the
Benchmark Exercise (reported in Section 9). All calculations assume a mass flow from the main pump
of 30 kg/s, and the bypass flow varies between 0 and 4.2 kg/s. These values differ from those reported
later in this document, where it is assumed that the total flow is 40 kg/s, made up from the main and
bypass flows as appropriate.

The basic, symmetric-flow simulation (20/20mm guide tube gap, no bypass) was carried out in 2D,
while those featuring slanted guide tubes and/or bypass flow were 3D models, but assuming 180°
symmetry. A summary of the model parameters is given in Table 5.3 and maximum temperatures in
Table 5.4. The window material was not modelled explicitly: rather, an appropriate heat flux was
imposed at the fluid boundary.

Table 5.3 Model Parameters for CFX-4 Simulations by FZK

Case
No.
FZK.2a
FZK.2b
FZK.2C
FZK.2d
FZK.2e
FZK.2f
FZK.2g
FZK.2h

Total Heat
(kW)
656
656
656
656
656
656
656
656

Window
Modelling
q"
q"
q"
q"
q"
q"
q"
q"

Flowrate
(kg/s)
30
30
30
30
30
30
30
30

Bypass
(kg/s)
0
0
3
1.8
4.2
3
3
3

Notes

20/20 mm gap
30/10 mm gap
20/20 mm gap
20/20 mm gap
20/20 mm gap
20/20 mm gap
20/20 mm gap. Low nozzle position
20/20 mm gap. Bypass flow
perpendicular to beam profile

Table 5.4 Temperatures (°C) obtained by FZK using CFX-4

Case
No.

FZK.2a
FZK.2b
FZK.2C
FZK.2d
FZK.2e
FZK.2f
FZK.2g
FZK.2h

Window
(outer)

11865
585
435
535
365
440
377
360

Window
(inner)

i1830
550
400
500
330
405
342
325

LBE

11830
550
400
500
330
405
342
325

Guide
tube

-
-
-
-
-
-
-
-

Heater
rod

-
-
-
-
-
-
-
-

Notes

Parameter studies of bypass
nozzle size were also
performed, but exit velocity
was kept constant (mass
flowrate varied), so
comparisons are not included
here since they would be
misleading to this comparison.
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Case FZK.2a has been simulated using the 2D model. The predicted temperatures are extremely high
compared to the other variants, and are also high compared with similar computations performed by
other groups. Consequently, the values in this row of Table 5.4 have been shaded to indicate that the
temperatures are questionable.

Again, since there is no explicit window modelling, the window temperatures are not known, and the
values in the Table have been estimated.

Extensive analysis of the window/fluid heat transfer coefficient has also been carried out using
CFX-5.7, Batta et al. (2005).The traditional definition of heat transfer coefficient {h) is given by the
following expression:

= q'/(TH.-Th), (5.1)

where q" is the heat flux at the window surface, Tw is the wall temperature and Tb is the fluid bulk
temperature. For simplicity, the following definition of the heat transfer coefficient has been used
instead:

K=q'l(Tw-Tin), (5.2)

in which Tln is the inlet temperature, which is more useful if the temperature change in the fluid is
small, i.e. if Tb * Tin

Previous studies (Batta et al., 2005) had indicated that the heat transfer coefficient is only slightly
affected by the heat generation within the fluid. Consequently, the CFX calculations here were made
with no heat generation in the fluid or guide tube. Under these conditions, the average temperature
rise of the fluid is less than 1°C, which supports the usefulness of the HTC h-,. Table 5.5 gives details
of the inlet mass flowrates considered in this study; the main flow rate (Qmam) and the bypass flow rate
(Qbypass) are varied to investigate the effect on the HTC.

Table 5.5 The CFX-5 cases studied

Case No.

1
2
3

Qma,n (kg/s)

37.5
37.5
30

Qbypass (kg/S)

2.5
3.5
2.5

In Table 5.5, Case 1 has the same boundary conditions as the MEGAPIE Reference Design, except
for the lack of heat generation in the fluid: the temperature contours are given in Fig. 5.3. The
maximum temperature difference between the window and the fluid is 55°C. By neglecting the heat
generation in the fluid, the maximum temperature of the window is decreased by 30°C (compare
Figs. 5.3a and 5.3b). The temperature contours at the window for Case 2 and Case 3 are similar to
Fig. 5.3b.

T[°C]

I 315

287

259

231

I

I
I

285

271

257

243

229

Figure 5.3 Temperature contours at the window surface: (a) with heat generation in the fluid;
(b) with no heat generation in the fluid
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For a quantitative comparison, two lines (marked A and B
in the accompanying Figure), lying on the window surface
and crossing at right angles to each other, have been
selected.

Figure 5.4 shows the calculated HTC ft, for the three flow
conditions given in Table 5.1 along the selected lines A
and B. As can be seen, the heat transfer coefficients vary
in along both directions. For Case 1, the HTC lies in the
ranges'!O'OOO to 40'000 W/m2K. That for Case 2 is higher
than for the other cases, reflecting the more efficient heat
transfer accompanying a stronger bypass flow

Line A
LineB

100

80- —«-Casei
-o Case2
—*- Case3

100

80-

-004 -0.02 0.00 0.02 0.04

X[m]

— »-Casei
c Case2

-*• Case3

-0.04 -0.02 0.00 0.02 0.04

y[m]

Figure 5.4 Calculated heat transfer coefficient hi along Lines A and B

5.4 CEA: STAR-CD

This work encompassed a comprehensive optimisation study of the lower target, and culminated in a
preferred design being identified at the MEGAPIE Technical Review Meeting, Nantes, 2004. Particular
aspects which feature in this set of calculations, performed using Version 3.15 of the code (STAR-CD,
2001), include effects due to changing the slant angle of the guide tube, and varying the bypass
nozzle shape and delivery duct. A full description of the calculations may be found in Roubin (2001). A
preliminary series of computations did not model solid structures, and the heat source was accounted
for in the LBE only (Roubin, 2001). Subsequently, the window structure, and the heat deposited in it,
was modelled explicitly (Roubin, 2002, 2003, 2004). In order to economise on the total number of
meshes to be used, a truncated model was employed of height 550mm. Consequently, the inlet
temperature in the annulus was set at 242.5°C rather than 230°C to account for the heating effect due
to heat transfer from the riser through the guide tube barrel. (Calculations performed elsewhere now
indicate that the temperature rise may be more than this.) Buoyancy effects were also ignored. The
power input to the model is consistent with that used by PSI for the heat deposited in the LBE, but
ignores that in the window, guide tube and hull (13kW). In particular, the window structure was not
modelled explicitly, but an equivalent heat flux was supplied.

Considerable work was undertaken relating to the nozzle shape, as well as to the tapering of the
nozzle supply pipe, which was shaped to ensure there was no boundary layer detachment. The area
of the nozzle was fixed at 200mm2, which, for the mass flowrate adopted, corresponded to a free jet
velocity of 1.22 m/s. It is interesting to note that not all options tried led to stable flow solutions.

Summaries of the model parameters and predicted maximum temperatures are given in Tables 5.6
and 5.7, for the cases without explicit window modelling. (The results presented are those obtained
using the MARS convective scheme; those obtained using upwind differencing are slightly different.)
Highest temperatures are obtained for the case with a flat guide tube of 20/20mm gap and no bypass
flow, as would be expected. It is interesting that for the smaller 10/10mm gap case, where a stronger
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flow over the window is produced (at the expense of an increased pressure drop), temperatures are
significantly reduced, even though the flow is still symmetric. It is not clear whether the effect is due to
the generally higher levels of turbulence.

Again, one notices from Table 5.7 that the beneficial effect of inducing asymmetric flow over the
window by means of a slanted guide tube, even in the absence of bypass flow: maximum
temperatures are reduced by about 100°C. (This last case was made the basis of a numerical
benchmark activity, which is reported in Section 9.)

For the cases with bypass flow, there is a further temperature reduction for both flat and slanted guide
tube options. The effect of the slant is much less pronounced than for no bypass flow, and there is
some evidence that the 25/15mm gap option would lead to a flatter temperature distribution over the
window and a less severe temperature difference on the two sides of the guide tube. Generally, lowest
temperatures are obtained with the bypass flow aligned with the minor axis of the elliptical beam
footprint, and with the bypass nozzle situated on the large-gap side of the slanted guide tube.

Model characteristics:

Half sector model

• Origin of coordinates: centre of window
inner wall

Downcomer inlet height 300mm

Riser inlet height 486mm

• Zero thickness inner structures

Elliptical by-pass cross section

By-pass convergent between 85 and
160mm

• 25/15mm or 30/10mm flow guide slant

Typical grid size in fluid 200000 hexa

20 urn wall cell thickness

6 cells through wall for hemispherical
window, typical grid size 14000 hexas

• Heat source as of Sept.2002 (*720kW)

• Beam footprint perpendicular to nozzle jet

37.5/2.5 kg/s Pb-Bi mass flow split

• Imposed T profile in downcomer

T nozzle jet 243°C, derives from 1D
analysis

Linear (k,e) turbulence model with two-layer wall
treatment on the window, but standard wall
functions on adiabatic inner structures

Figure 5.5 Schematic of the CEA lower target model

14/103



Table 5.6 Model Parameters for the CEA Simulations

Case
No.
CEA. 1a
CEA. 1b
CEA. 1c
CEA.2a
CEA.2b
CEA.2c

Total Heat
(kW)
663
663
663
663
663
663

Window
Modelling
No
No
No
No
No
No

Flowrate
(kfl/s)
40
40
40
37.5
37.5
37.5

Bypass
(kg/s)
0
0
0
2.5
2.5
2.5

Notes

20/20 mm gap
10/10 mm gap
30/10 mm gap
20/20 mm gap.
25/15 mm gap.
30/10 mm gap.

Table 5.7 Maximum Temperatures (°C)

Case
No.
CEA.Ia
CEA.Ib
CEA. 1c
CEA.2a
CEA.2b
CEA.2c

Window
boundary
586
431
336
294
288
285

LBE

586
431
391
372
396
396

Guide
tube
-
-
-
-
-
-

Heater
rod
-
-
-
-
-
-

Notes

For Cases 1a and 1b, the max. temperature
occurs at the centre of the window.
Buoyancy forces negligible for temperatures
below 700°C
For slanted guide tubes, bypass should be on
large-gap side.

Further series of calculations were undertaken, examining specific aspects of the lower target design,
now including the window modelling in a full conjugate heat transfer mode.

Main/Bypass Flow Ratio

At lower bypass flowrates the jet has too little momentum to sweep over the window centre, flow
detachment occurs, and the stream is diverted into the riser. A rather large recirculating region then
exists on the inner side of the guide-tube edge. At higher bypass flowrates, the jet flows across the
whole perimeter of the window, and can penetrate into the annulus on the opposite side inducing
backflow. Intermediate values result in efficient sweeping of the window surface without any backflow.
Table 5.8 summarises the maximum temperatures obtained with the various flow options. For all
calculations, the reference bypass nozzle (20x10mm rectangular), reference GT slant (25/15mm gaps)
and optimum beam orientation (major axis of beam footprint perpendicular to the plane of the bypass
flow) have been adopted, except where indicated.

Table 5.8

Bypass flow (kg/s)

1

1.75

2.5

2.5*

2.5*

3.5

3.5*

Maximum values (reference bypass nozzle)

Velocity (m/s)

1.10

1.12

1.45

1.45

1.51

1.87

1.83

T fluid (°C)

479

470

442

440

434

438

432

Tw inner (°C)

438

377

338

335

326

312

308

Tw outer (°C)

472

405

358

367

355

337

336

* Parallel beam orientation * 30/10mm GT slant option

As expected, the maximum window temperature decreases with increasing bypass flow. A flow of up
to 3.5 kg/s is acceptable, meaning there is minimal penetration into the opposite annulus, and could
aid stability. Results are not sensitive to the angle of slant of the guide tube end (which implies some
flexibility in choosing an optimum nozzle shape), nor to the beam orientation (at least from the point of
view of maximum temperatures).
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Nozzle Shape and Position

A full optimisation study of the nozzle shape and orientation was undertaken using the same basic
mesh set-up. The reference design corresponds to the rectangular nozzle with a=30° and 0=2.5mm,
and the following conclusions were drawn from this study.

The critical parameters examined in this study were a, the
angle the end of the nozzle makes with the horizontal (30°
corresponds to a nozzle discharge that is initially parallel to
the window surface), and 5, the offset distance from the
wall.

The parameter variations were:

a = 0°, 15°, 30°, 40°

5 = 2.5mm, 5.0mm

nozzle shape = rectangular (20x10mm)

flat elliptic (25.4x10mm)

round elliptic (19.5x13mm)

There is generally good capability for cooling the window with a 200 mm2 nozzle discharging 2.5 kg/s
of liquid metal coolant, except for the vertical (a = 0°) option, for which 3.5 kg/s is recommended. This
design is much less sensitive to variations in radial and axial positions of the nozzle end than designs
in which the jet discharges parallel to window surface (a = 30°). The effects of different nozzle
positions and flowrates are illustrated in Fig. 5.6.

For the designs tested, best overall performance was obtained for a low aspect ratio elliptical section
nozzle in the position (a = 15°,8 = 2.5mm). This gave maximum window temperature of 352°C, slightly
higher than for the tangential (a = 30°,8 = 2.5mm) option, but was less sensitive to variations in
location.

Velocities
(m/s)

0° nozzle 2.5 kg/s 0° nozzle 3.5 kg/s

1.900
1 764
1.629
1 493
1 357
1 221
1 086
0 9500
06143
06766
05429
04071
02714
0 1357
0 0000

15° nozzle 2.5 kg/s 15° nozzle 1.5 kg/s

Figure 5.6 Velocity vectors in the plane of the bypass for different nozzle shapes and flowrates
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5.5 PSI: CFX-4

These calculations were carried out independently of those undertaken by CEA, and the only case for
which a quantitative comparison between results can be made is, by design, the benchmark exercise,
which is reported in Section 9. All simulations are fully 3D, and all structures are represented explicitly.
Heat deposition corresponds to a beam current of 1.74 mA, which had been adopted as the standard
for design studies. (Following project directives, a lower beam current of 1.4 mA was used for
analysing transients, since these need to reflect operational conditions.) The simulations were all
carried out under steady-state assumptions.

(c)

(a)
(b)

(d)

Figure 5.7 Basic configuration of the PSI model, together with variants

The basic model (with the end of the guide tube not slanted) is shown in Fig. 5.7a. The position of the
bypass channel is indicated in Fig. 5.7b, and the variations in slant of the end of the guide tube in Figs
5.7c and 5.7 d.

The cases run are summarised in Table 5.9, and the maximum temperatures in the various
components in Table 5.10. Studies were made with and without bypass flow, and for flat and slanted
guide tubes. The beam orientation with respect to the guide tube slant and/or bypass flow was also
considered. Where present, the bypass nozzle is of fixed dimensions, 20x10mm, with the wider
dimension touching the window. The duct carrying the LBE to the nozzle is also represented in the
model, also rectangular, but of slightly larger dimensions. This means that there is a slight tapering
towards the nozzle, which ensures there is no boundary layer detachment inside the bypass channel.
Heat transfer between the duct and the LBE flowing in the annulus was not taken into account, though
the beam heating of the LBE in the duct was considered, just as in the annulus. However, since the
flow is faster inside the bypass duct, less heat is accumulated. Consequently, the LBE in the annulus
reaches the window at a temperature of about 266°C, while that from the bypass nozzle is 240°C,
compared with the 230°C assumed for the exit temperature from the THX for both channels.
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The trends are similar to those noted for the CEA simulations. With no bypass, and with symmetric
flow conditions, there were difficulties in obtaining convergence, probably indicative of a fundamental
unsteadiness in the flow. Window and LBE temperatures are high, indicating poor window cooling and
inadequate fluid mixing. For the given heating and flowrate, the mean temperature increase through
the spallation zone is 120°C, and the mean temperature then reaches 350°C.

The entries in Table 5.10 are an indication of the general heterogeneity of the cooling configuration.
Ideally, window temperatures should be kept below 400°C, but this condition is only achieved if there
is bypass flow.

Table 5.9 Model Parameters for CFX-4 Simulations

Case
No.
PSUa
PSI.Ib
PSI.Ic
PSI.2a
PSI.2b
PSI.2C
PSI.2d

Main Flow
(kg/s)
40
40
40
37.5
37.5
37.5
37.5

Bypass
(kg/s)
0
0
0
2.5
2.5
2.5
2.5

Guide Tube Gaps
(mm)
20/20
30/10
30/10
20/20
20/20
25/15
25/15

Beam Orientation

0°
0°
90°
0°
90°
0°
90°

Table 5.10 Maximum Temperatures (°C) obtained by PSI using CFX-4

Case
No.

PSI.1a
PSI.Ib
PSI.Ic
PSI.2a
PSI.2b
PSI.2c
PSI.2d

Window
(outer)

590
528
469
368
387
369
378

Window
(inner)

555
493
434
333
352
334
343

LBE

550
467
453
427
427
413
417

Guide
tube

408
357
353
432
359
366
357

Heater
rod

382
391
401
384
392
381
385

Notes

Not converged. AT= ±30

AT= ±30 with lower/higher bypass flow.
Minimum bypass flow 2 kg/s.

The maximum temperatures for Case 2a (20/20mm guide tube gap) and Case 2c (25/15 gap) are
quite similar, except that the guide tube temperature is higher in the former case. Thus, provided the
bypass is operational, there is little extra benefit to be derived from inducing asymmetries in the main
flow. However, in the absence of bypass flow, there are clear advantages in having a slanted guide
tube; c.f. Case 1a and Case 1b. Interestingly, if the bypass flow is across the major axis of the beam
profile (Case 2b and Case 2d), corresponding temperatures are very similar for the fiat and slanted
guide tube options, and the guide tube temperatures are low enough to indicate almost perfect mixing
of the LBE.

Effect of Bypass Flowrate

Peak temperatures are listed in Table 5.11 for different bypass flowrates and beam orientations. With
the beam orientated in line with the bypass flow (0°), the peak window temperature decreases almost
linearly as bypass flow increases. With 90° orientation, the window peak temperature increases
sharply for low bypass flowrate. This is a consequence of the influence of the recirculation vortices in
the plane at right angles to the bypass flow direction. With 90° beam orientation, recirculating fluid
gains heat from the beam in this plane, and feeds it back to the window region where it mixes with the
incoming LBE from the bypass. As the local bypass fluid temperature rises near the window, the
window temperature increases. However, with the major beam axis aligned with the bypass flow, less
heat is deposited in these recirculation flows, and their influence on the window surface temperature is
reduced. The window is then only influenced by the direct rise in temperature of the bypass jet as it is
heated by the beam.
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Table 5.11 Model Parameters and Peak Temperatures (°C) for Different Main/Bypass Flowrates

Case
No.
PSI.3a
PSI.3b
PSI.3c
PSI.3d
PSI.3e
PSI.3f
PSI.4a
PSI.4b
PSI.4c
PSI.4d
PSI.4e
PSI.4f

Main Flow
(kg/s)
38.25
38.25
37.5
37.5
36.5
36.5
38.25
38.25
37.5
37.5
36.5
67.5

Bypass
(kg/s)
1.75
1.75
2.5
2.5
3.5
3.5
1.75
1.75
2.5
2.5
3.5
3.5

Guide Tube
Gaps (mm)
20/20
20/20
20/20
20/20
20/20
20/20
25/15
25/15
25/15
25/15
25/15
25/15

Beam
Orientation
0°
90°
0°
90°
0°
90°
0°
90°
0°
90°
0°
90°

Window
(outer)
396
443
367
383
339
361
396
417
369
378
357
362

LBE

467
427
427
426
431
432
431
428
413
417
412
416

Guide
tube
451
388
412
361
391
361
385
352
366
357
367
359

Heater
rod
412
399
384
388
387
392
381
387
381
385
382
385

In general, the trend with reducing bypass flow is the same for the slant-ended guide tube as with the
flat-ended option, and window temperature increases (somewhat non-linearly) as bypass flow
decreases. Overall, window temperatures are less affected by the bypass flowrate if the guide tube is
slanted, provided the bypass flowrate is at or above 2.5 kg/s.

Calculations with Perforated Guide Tubes

The study was initiated in order to explore the possibility that a small 'bleed flow' from the lower part of
the annulus to the riser would serve to break up the large recirculation region behind the guide tube,
better distribute the hot LBE in the spallation zone, and consequently lead to reduced thermal stresses
in nearby structures.

Because of the cross-flow induced by the bypass jet (together, to a lesser extent, the slant angle of the
guide tube, where fitted), the main recirculation region lies in the plane of the bypass and directly
behind the guide tube wall. The perforations are in the form of horizontal slots around 90° of the guide
tube circumference (45° either side of the bypass duct), and are of various widths, numbers and
locations. A sample of the options studied is given in Table 5.12. For all of these cases, the total power
input is 706kW, and the main and bypass flowrates are 37.5 kg/s and 2.5 kg/s, respectively. Cases 3a
to 3d have flat guide tubes of gaps 20/20mm, and Cases 4a to 4d have slanted guide tubes of
25/15mm gaps. For all cases, the bypass flow is through a nozzle of dimensions 10x20mm. The
maximum temperatures in the LBE and structures for several variants of total slot area are compared
against the standard case with no slots, also given in the Table.

Case
No.
PSI.3as

PSI.3bs

PSI.3cs

PSI.3ds

PSI.4as

PSI.4bs

PSI.4cs

PSI.4ds

Table

Window
(outer)
367

352

353

355

369

366

366

366

5.12 Temperatures ( C) obtained for Slotted Guide Tube Cases

Window
(inner)
332

317

318

320

334

331

331

331

LBE

427

414

413

432

413

411

411

408

Guide
tube
412

364

358

374

365

357

354

354

Heater
rod
384

378

376

376

381

377

374

374

Notes

20/20 mm gap.
No slots
20/20 mm gap.
5 slots of total area 19.0cm2

20/20 mm gap.
5 slots of total area 33.9cm2

20/20 mm gap.
8 slots of total area 91.5cm2

25/15 mm gap.
No slots
25/15 mm gap.
3 slots of total area 17.3cm2

25/15 mm gap.
6 slots of total area 44.75cm2

25/15 mm gap.
5 slots of total area 52.8cm2
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It is noted that for a flat guide tube there is an improvement in the peak temperature in the guide tube
when slots are present. This is a consequence of the improved mixing resulting from the jetting
through of LBE from the annulus to the riser, breaking up the recirculation cell. Also, the temperatures
in other structures are not adversely affected. However, for the slanted guide tube cases, there is very
little improvement in any of the temperatures. Stress analysis for Case 4b (slanted guide tube) has
been undertaken using ABAQUS, and peak stresses are reduced in the guide tube and window.
However, with the new estimates for the heat deposition profile of the beam (Foucher, 2003), the
stress reduction was not as marked.

5.6 KAERI: CFX-4

KAERI had newly acquired the code CFX-4.4 and agreed to perform a series of simulations to
consider the consequences of the beam wandering away from the target axis. Six cases were
envisaged, for an assumed beam offset of 2mm along and perpendicular to the bypass flow, and at
45° to it, as shown in Fig. 5.8. Calculations were to be based on the PSI reference target CFX-4 data
set (reference design, rectangular bypass nozzle).

Coordinates of Beam Center

0.004 r

0.002 -
/ Case 6 Case 4 Case 5

-0.00;
0.004

Software incompatibility problems
were experienced, which arose
because the original calculations
performed by PSI were based on the
earlier code version CFX-4.3.
Eventually, the problems were
resolved by the code vendor, and the
calculations were performed, as
originally planned.

Results confirmed the stability of the
window cooling arrangement and the
robustness of the lower target
configuration and the relative
insensitivity to parameter variations:
maximum temperatures over the
window varyied by ±2°C only, by up
to 13°C elsewhere on the hull, and
by 15°C within the LBE itself.

Figure 5.8 Matrix of beam offset cases considered

5.7 SUMMARY OF CFD SIMULATIONS OF LOWER TARGET

CFD simulations of the window region of the MEGAPIE target have been performed by different
organisations, using different codes, and under different model assumptions. The time scale for these
computations is rather long, since they are complex and detailed. Simultaneously, the reference
design for MEGAPIE was in the process of being continuously updated by the design team. This
means that some of the CFD results have become outdated. Nevertheless, conclusions can be drawn
from the work, and these are listed below.

• It appears that the target, in its present form, could be cooled by natural circulation alone.
Early FLUTAN simulations had shown that, even with no flow restrictions at the entrance to the
THX, only 1/3 of the required flowrate can be obtained from the buoyancy force. For the new
geometry (with data provided in 2000), the combination of buoyant mean flow with a forced jet
flow would adequately cool the window. Citing earlier experience with buoyant convection in
loops, Grötzbach et al. (2002) estimate that, even with all internals included (the model had
been simplified), one would not be too far away from the possibility to apply buoyant mean
flow, since buoyant loops are usually very insensitive to increased pressure losses, which tend
to be compensated by just a small increase in temperature.

• A total LBE flowrate of 40 kg/s, supplied under forced-flow conditions, is adequate to remove
the 700kW of heat generated in the target (for the assumed 1.74mA beam current).
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• Cross-flow over the window is needed, both to move the flow stagnation point away from the
region of beam heating and for better control of flow fluctuations. A bypass jet velocity of about
1 m/s, a bypass flowrate of at least 2 kg/s (for discharge area of 200 mm2) appears to be
sufficient for providing such cross-flow. With bypass flow, the maximum window temperature is
kept below the design value of 400°C. However, the FLUTAN results emphasised the
importance of the jet flow being properly directed: the bypass flow should remain attached to
the window surface, since detachment, and associated recirculation regions, degrade the
window-to-LBE heat transfer.

• A slanted guide tube has some advantages: it enhances the cross-flow over the window
(studies have shown that lower temperatures are obtained if the bypass nozzle is positioned
on the large-gap side of the guide tube); it provides robustness to the design in the event of
failure of the bypass EMP; and leads to better mixing of the hot stream entering the riser (and
hence lower thermal stresses in the guide tube wall, see below). There is no significant
difference in maximum temperatures for the 30/10mm and 25/15mm (vertical) gap options.

• There is evidence of a lowering of peak temperatures (and associated thermal loads on
structures) if perforations are introduced at the base of the guide tube next to the bypass jet.
The bleed flow through the perforations helps to break up the large recirculation region in the
riser. The benefit of the perforations is more dramatic if the guide tube is flat, and only
marginal if it is slanted. The stress relief in the window was marginal, and in the guide tube
became acceptable when the new beam profile was introduced. Finally, with the operating
beam current reduced from 1.74 mA to 1.4 mA, the benefits were considered too small for the
perforations to be introduced.

• If the guide tube material is conducting, as in the final design, there is considerable heat
transfer from the riser to the annulus (200 kW). As a result, the window temperature is
increased by about 40°C compared to the case in which the guide tube would be insulated.

• For an elliptical beam footprint, slightly better window cooling is obtained if the bypass flow is
along the minor axis. However, this option was not taken up for MEGAPIE.

• Considerable work has been done to optimise the bypass nozzle shape and position. Good
results had been reported in early studies by FZK for a simple circular nozzle shape, provided
the positioning of the nozzle is close to the window, and the orientation is such that the jet
obliquely impacts the wall. Only one nozzle design option was considered by PSI: this was the
rectangular 20x10mm option. This proved adequate, provided it was placed as close as
possible to the window surface, and discharged parallel to it. Comprehensive work by CEA on
other nozzle optimisation confirmed the necessity of the bypass jet being attached to the
window surface as the stream passed over the centre of the window, where the beam heating
is concentrated. For some parameter ranges (of mass flows and/or mass flow ratios), there
was a strong sensitivity found of the position and orientation of the jet on whether the jet flow
remains attached to the window or whether it detaches. This has a strong influence on the
local window temperatures, because, in jet flow detachment, recirculation pockets are formed
from which the heat is not very effectively removed. Best overall performance was obtained
with a slightly elliptic nozzle, located under the large gap end of the guide tube, discharging at
15° to the horizontal, and a discharge mass flowrate of 2.5 kg/s.

• It should be emphasised that all estimates of velocities and temperatures reported here refer
to mean values of the respective fields. Further work is required to determine the magnitude of
the fluctuations around the mean.

As a result of the CFD simulations and parameter studies carried out, a Reference Design for the
lower target geometry was defined, as well as the operating parameters, particularly the ratio of the
main to bypass flowrates, this having an input on the manufacturing of the electro-magnetic pumps.
The Reference Design became the basis for target construction.

5.8 STRESS ANALYSIS OF LOWER TARGET

The Finite Element (FE) program ABAQUS was used to analyse the stresses occurring within the
target (Zucchini, 2002). The temperature, pressure, topological and geometrical details obtained from
the CFX-4 dump files have been extracted by means of a custom-built interface program (Smith, 2004)
and used to generate the appropriate input data for the FE simulations.
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Table 5.13 Material properties used for stress analysis

Target

Guide

hull

tube

Material

T91

AISI 316

Young's Modulus

200

200

(GPa) Poisson

0.

0.

's Ratio

3

3

Thermal expansion coefficient
(IC1)

11.5x10"6

16.0x10'6

For convenience in defining the boundary conditions, each structure is suspended from its top axial
section, imposing zero axial displacements to all nodes on this section, and 3 anchor points on the top
rim are constrained to move in the radial direction only. This prevents the rigid body movements of the
structures and simulates well the flange attachment in the actual target. Local stress concentrations
around the anchor points are ignored.

Constant material properties adopted for the target hull and guide tube are shown in Table 5.13.

After preliminary analysis, it was found that the differences in the LBE temperatures in the riser
between the nozzle side and the opposite side could produce thermal axial bending of the guide tube.
In order to prevent such an undesirable effect, it was decided to introduce mechanical spacers
between the guide tube and the target hull near the bottom of the guide tube. In the FE model, three
spacers were introduced at 120° intervals, starting from the bypass nozzle position. Each was
simulated by means of pairs of nodes constrained to have the same radial displacement, one on the
outer surface of the guide tube and the radially corresponding one on the inner surface of the target.
The target design directly followed this finding.

Comparison has been made using the earlier heat deposition profile and a beam current at the target
of 1.74 mA for the designs with flat and slanted end of the guide tube, both with bypass flow of
2.5 kg/s. Then, the case with the slanted end and bypass flow with the current best-estimate
deposition profile was considered, and finally this case was repeated with a reduced beam current of
1.4 mA to reproduce operational conditions. For most cases, comparison was also made with the
beam aligned in the 0° and the 90° orientations. Full details are given in Dury and Zucchini (2003).
Only results pertaining to the latest estimate of the beam heating are included here, and are
summarised in Table 5.14.

Comparing rows 1 and 4 of the Table, we see that a 20% reduction in beam power leads to a 20%
reduction in temperature excess (over the 230°C inlet temperature) and about 20% reduction in
maximum stress. The main effect of beam orientation is a reduction (by 27%) of the maximum stress
in the guide tube, with little effect on the window stresses. The main benefit of slanting the guide tube
is a reduction in maximum window temperature of 9%, with a corresponding decrease in stress levels.

Table 5.14 Summary of Results

Guide
Tube

Slanted

Slanted

Flat

Slanted

Beam

Power (mA)

1.74

1.74

1.4

1.4

Orientation

0°

90°

0°

0°

Max. Temperature (°C)

Guide Tube

367

362

337

338

Window*

370

359

353

342

Max. von Mises Stress (MPa)

Guide Tube

63

46

49

49

Window

55

58

51

46

Outer surface temperatures; inner surface temperatures are about 35°C lower.

Overall, the stresses are acceptable in comparison with the yield strengths of the materials: 460 MPa
for T91 steel (window and hull) and 190 MPa for SS316L steel (guide tube), both at 400°C. The
calculated maximum von Mises stresses in the target window are always less than 60 MPa, and
almost insensitive to the changes in preliminary design parameters. In contrast, the maximum stress in
the guide tube is dependent on the design, and the latest estimate of the heat deposition profile leads
to much lower predictions of the stresses in the guide tube than those previously calculated by
Zucchini (2002). The maximum stress is now always below 70 MPa, as reflected in Table 5.14, and
would be slightly less if the beam were oriented at 90° to the bypass flow.
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6. SAFETY HULL DESIGN OPTIMISATION

The safety hull beneath the liquid-metal target is intended to protect the beam tube in the event of a
leak of LBE from the target container. The arrangement consists of a double-walled vessel, cooled
internally by circulating D2O. The flow circuit between the walls is constrained by flow guides to pass
down one side, be accelerated across the central portion by a contraction of the flow area, and flow up
the opposite side to a heat exchanger. In this way, there is fast cross-flow over the part of the window
heated by the beam, ensuring efficient cooling. Helium at 0.5 bar fills the gap between the target and
safety hulls.

The concave shape of the window has evolved during the project, and some of the optimisation
studies apply to the previous design. Nonetheless, the basic concept has remained the same, and the
principal conclusions of the analyses remain valid.

Near the target head, at the entrance to the safety window ducting, the temperature of the D2O is
40°C, the total pressure is 7 bar, and the mass flowrate 2.2kg/s. A 3D CFD model of the lower part of
the safety window has been constructed using CFX-4, comprising about 175 000 meshes, of which
about 62 000 are structural elements. Calculation (Smith et al., 2004) shows that the beam deposits
2.7kW of heat in the inner shell, 3.0kW in the outer shell, and 5.5kW in the D2O itself. At the specified
flowrate, a simple heat balance calculation indicates the water temperature would increase to about
41.2°C at outlet. Detailed calculation reveals a temperature peak of 65°C, so that locally there are no
overheating problems. Temperature and pressure data obtained from the CFD simulation were passed
to the structural analysis code ANSYS using the interface program described earlier (Smith et al.,
2004).

°C
64.7

en

en

40.0

MPa
75

Figure 6.1 Temperatures and von Mises stresses on the inner and outer surfaces of the
double-walled safety window, calculated using CFX-4 and ANSYS, respectively

Figure 6.1 shows the temperature distribution over the upper surface of the inner shell and the outer
surface of the lower shell. Temperatures are highest locally on the outer surface of the lower shell
(lower right), which is exposed to the beam, and somewhat lower on the upper surface of the inner
shell (upper left), which is further from the beam incidence, and which benefits from the cooling effect
of the D2O stream. The temperature contours generally follow the elliptic beam footprint. The
accompanying ANSYS calculation shows that the critical region for the stress analysis is the outer
section, where the material (AIMg3) is thicker, and the curvature is high. There is also a non-trivial
effect of the internal D2O pressure.

Analysis of the MEGAPIE Target falling on the Safety Hull

One of the accident scenarios analysed for the lower target enclosure (LTE) was the postulated
sudden rupture of the liquid metal container (LMC) and it falling onto the LTE. Depending on the
location of the break, the impacting mass may be up to 580kg. The container will first hit the inner
safety wall, and then the outer enclosure. Due to the strong impact force and contact kinematics, the
AIMg3 shells may sustain material damage. This highly non-linear analysis has been performed by the
finite element ANSYS code (Ni et al., 2002).
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The analysis is dynamic and highly non-linear due to impact, sustained contact and plasticity. Surface-
to-surface contact elements in ANSYS have been applied for two deformable-to-deformable contact
pairs: between container and inner wall, and between the inner and outer walls. Due to lack of plastic
stress-strain data under both impact and high-irradiation conditions, tensile curves from Dai et al.
(2001) for AIMg3 were taken for three regions: 2.5dpa for the centre, 0.8dpa for the corner, and
0.5dpa for the cylindrical part.

Calculations of the direct contact case with different window configurations (Ni, 2001) suggested that
both the inner and outer shells would deform plastically. High stresses and strains would occur at the
centre, shortly after impact. Here, the total engineering elongation for 2.5dpa irradiation was only
7.9%, and values were close to, or beyond, ultimate stress and rupture strain or total elongation. The
results clearly indicated that direct contact of this type should be avoided.

A ring-shaped "target catcher" has therefore been inserted
in the cylindrical part of the AIMg3 wall (as shown
opposite), to move the impact point away from the the
region of high irradiation. The initial distance between the
container and the target-catcher was designed to be 5mm
compared with the distance between the LMC and the
inner wall of the LTE of 6mm.

Two cases have been considered: the first in which the
falling container is acted upon only by gravity, and the
second in which it is driven by an over-pressurisation of
the cover gas of 6 bar (which could be considered a
consequence of rupture of one or more of the cooling pins
in the THX). For both cases, the whole target weight of
580kg has been assumed, and the initial distance between
the container bottom and the target-catcher was 5mm.

The resulting total strains for these two cases have similar distributions. The maximum total strain is
0.21% for the non-pressurised case, and 1% for the pressurised case, respectively. Both are well
below the allowed total elongation of 7.9% for the contact area. Following this study, the target catcher
became an accepted design feature of the target.

Optimisation of Safety Hull Geometry

Optimisation of the original, concave safety hull geometry needed to be undertaken to reduce the
stress peaks near the connection with the cylindrical part of the shell. A study was carried out using
the ANSYS program in axisymmetric mode. It was found (Ni, 2001) that stress could be reduced
significantly by increasing both the wall thickness and the radii at the corners (see Fig. 6.2). Results for
the optimised concave shape are shown in Table 6.1, along with those of the original. The maximum
von Mises stress (which occurs at the corner of the inner wall) has been reduced from 130 MPa (which
exceeds its yield stress of about 85 MPa) to 34.7 MPa as a consequence of these changes in
geometry.

corner radii

curvature
in center

.. thickr
i corner;

ess

Figure 6.2 Original and optimised safety hull designs
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Figure 6.3 Optimised "inverse-sphere"
geometry of the safety hull

The window temperature cannot be reduced
further, because of the fixed heating from the
proton beam. However, as can be clearly seen
from Table 6.1, for the original design, most of
the contribution to the maximum stress occurred
as a consequence of the internal D2O pressure.
From a structure-mechanics point of view, a
spherical shape is the optimum configuration for
a pressurized structure. Decreasing the radii for
the central curvatures and increasing the radii
and thickness at wall corners of the original
concave enclosures lead to the optimised
"inverse-sphere" arrangement shown in Fig. 6.2.
The related thermo-mechanic results are also
included in Table 6.1 for comparison. The von
Mises stress distribution displayed in Fig. 6.2
indicates a maximum value (away from the
corner region) of only 23.1 MPa, which
corresponds to an 82% stress reduction
compared with the original design.

Table 6.1 Thermo-mechanical results for the concave safety hull option

Configuration
condition

Heat generation rate
qmax[W/mm3]

Water pressure p
[bar]

Max. wall
temperature Tmax[°C]

Max. von Mises
stress o"max[MPa]

Max. displacement
Umax[mm]

Original
concave

0.29

6.

62.1

130.

0.688

Original concave
(pressurised only)

0.

6.

40.

130.

0.696

Original
concave (heated

only)

0.29

0.

62.1

13.5

0.088

Optimized
concave

0.29

6.

62.1

34.7

0.294

Optimized
counter-sphere

0.29

6.

62.3

23.1

0.139

7. ANALYSIS OF TRANSIENTS

In addition to the CFD support to the design studies for the target, the models constructed were also
used to examine non-steady behaviour. Described here are the following transients: beam trip and
restart, failure of the main pump, and failure of the bypass pump. The transients cannot be analysed
by the CFD codes in isolation, as there is thermal coupling with the ancillary circuits, and transient
feed-back effects. However, the CFD target nodalisations were constructed for forced-flow conditions,
with well-defined boundary conditions at inlet and outlet. Consequently, the calculations were coupled
with data from a complete system simulation. More details of the nodalisation and solution procedure
are given by Leung (2004). In addition, the structural response to the thermal loads also needed to be
included in the analysis, and are reported here.

The numerical simulations reported here all follow a three-step analysis strategy.

1. The transient system response is first determined using a RELAP5 model of the target and
auxiliary equipment (Leung, 2004; Leung and Smith, 2005), the model including the
primary/secondary/tertiary circuits and control system. Among other information, the system
simulation supplies transient flowrate and temperature data for the LBE entering the annulus
and bypass channels to the lower target.
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2. These data are used as transient boundary conditions to an accompanying, detailed CFD
simulation of the LBE flow in the lower target, and the heat transfer with nearby structures
(Smith et al., 2005).

3. Geometry, topology and mechanical/thermal loads pertaining to the structures are transferred,
via an interface program (Smith et al., 2004), to become input data to the structural analysis
program ABAQUS, with which the stress analysis is performed.

Note that a particular advantage of the present approach is that there is no need to recalculate the
heat transfer problem within ABAQUS. Point-wise thermal data are transferred from the CFD
simulation, avoiding the errors incurred by defining average heat transfer coefficients or heat fluxes.

Under normal operating conditions, the proton beam is at full power (1.4 mA), the LBE pumps are
functioning normally (main flow 37.5 kg/s, bypass flow 2.5 kg/s), and all auxiliary circuits are also
functioning normally.

A

I
°C

382

306

230

Figure 7.1 Lower target geometry, mesh layout, and steady-state temperature distribution

The CFD model consists of 113 000 hexahedral fluid cells and 62 000 hexahedral structural elements,
the mesh layout in the lower section being reproduced in Fig. 7.1. The target hull, annulus, riser, guide
tube (15/25 mm gaps) and instrumentation/heater rod are all clearly discernible. The ducting to the
bypass nozzle is also modelled, though cannot be seen in this picture, since the duct walls coincide
with mesh lines. The bypass nozzle is the rectangular 10x20mm option, and is orientated close to the
window surface to provide a stable wall jet over the hottest part of the window.

The conjugate heat transfer problem is set up within CFX-4 and run to steady state to provide the
starting conditions for each of the transient simulations, as described in Section 5, and by Dury (2004).
The inlet boundary conditions are the mass flowrates of the LBE entering the top of the annulus and
the entrance to the bypass duct (37.5 kg/s and 2.5 kg/s, respectively), and the temperatures (230°C
and 242°C, respectively). The outlet is defined as a constant-pressure surface at the top of the riser.

The mesh discretization for the subsequent structural analysis is adopted directly from the CFD model.
Consequently, use is made of hexahedral elements to represent the structures, the degrees of
freedom being the displacements at each of the 8 corner nodes. Though most components consist of
thin shells, there are 5 elements across the thickness to ensure adequate representation of the
bending stresses. Details of the material properties are given in Table 7.1.
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Table 7.1 Steel material properties used for stress calculations

Component

Target Hull

Guide Tube

Material

T91

AISI316

Young's Modulus

1.51 -2.06x1011 Pa"

2.0x1011 Pa

Poisson Ratio

0.3

0.3

Expansion Coefficient

11.5x10"6K1

16.0x10'6K"1

Young's modulus is a bi-linear tit to temperature-dependent data (Zucchini and Smith, 2003)

Figure 7.2 shows the temperature and von Mises stress distributions over the window in a typical
steady state situation. The bypass flow is from left to right, and in this configuration is aligned with the
major axis of the elliptical beam footprint. Maximum temperatures occur near the centre of the window,
slightly displaced as a consequence of the cross-flow. The stress distribution calculated using the
ABAQUS code is also shown in the Figure, with the point of maximum stress also displaced from the
centre point of the target. The mesh layout derives from the CFX-4 simulation, and has been carried
over, together with the thermal data, to ABAQUS via the interface program, as previously explained.

Bypass
flow

380

230

52

Temperatures (°C)
(external surface)

von Mises Stresses (MPa)
(internal surface)

Figure 7.2 Conditions over the window internal and external surfaces

Each of the transients analysed here begins at time f = 1100 s, starting from steady-state conditions.
The calculation procedure is the same in all cases. First, a RELAP5 system simulation is carried out
for the particular transient under consideration. Histories of the mass flowrates and temperatures at
the THX and bypass nozzle exits are tabulated from the run, up to such times as steady operating
conditions have been re-established. These become, respectively, time-dependent inlet boundary
conditions for the annulus and bypass duct for the transient CFD simulation, which is carried out next.
Transient thermal data from the CFD run are written at time-steps of interest, and these become input
data for a series of static, stress-analysis calculations carried out using ABAQUS.

7.1 Beamtrip and Restart

Though the target has been designed for optimal operation under steady-state conditions, beam trips
will be a regular operational feature The present study focuses on the response of the lower target
components, and the reader is referred to the paper of Leung and Smith (2005) for details of
conditions elsewhere in the cooling circuit.

Details from the RELAP5 simulation are shown in Fig. 7.3. For any beamtrip event, the loss of beam
power is instantaneous, but the recovery to full power is a controlled ramp over a 20 s period; a
procedure designed to avoid thermal shocks.
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Figure 7.3 Input conditions to CFX-4 simulation of the lower target derived from the RELAP5
system analysis: (a) beam power; (b) inlet temperatures (height above window 2.17 m);

(c/d) annulus/bypass mass flowrates.

The inlet temperature profiles (Fig. 7.3b) generally follow that of the power, but are delayed 6 s, and
smoothed due to the thermal inertia of the continuing heat transfer processes taking place between
the LBE, the still hot structures, and the cooling pins in the THX. The temperature of the LBE in the
annulus is that at the top of annulus, and the bypass temperature is that at the nozzle exit, and is
hotter due to heat transfer through the duct wall. Though the pumps remain in operation, the loss of
the buoyancy-driven part of the flow circulation is seen in the reduced flowrates to the annulus (Fig.
7.3c) and bypass (Fig. 7.3d) inlets. As a consequence of the thermal inertia of the system, full
recovery to steady-state operation takes altogether about 55 s, compared with the power transient of
30 s.

290

280

1095 1110 1125 1140 1155 1170 1185 1200

Figure 7.4 Temperature responses in the lower target region, as determined using CFX-4

Figure 7.4 shows the temperature response at the centre of the window and at the point of maximum
temperature on the guide tube (at the base, on the bypass side), obtained using CFX-4. Following
beam shut-off (at 1100 s), the window, which is still being cooled by the bypass LBE flow, loses heat
very rapidly. The minimum temperature occurs 10 s into the transient, at the time the beam power
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Starts to be ramped up. Because of the slow thermal response of the target system, about 60 s are
required for conditions to return to steady-state. The guide tube, which is the most stressed
component in the lower target region, is not subjected to such strong thermal transients because of the
heat capacity of the LBE.

Under normal operation, the 1.4 mA beam deposits 4.2 kW of heat in the window, which is transferred
to the LBE at the inner, cooled surface; the outer surface is adiabatic. The temperature difference from
the outer to inner surface of the window (about 21 °C) sustains the heat flux at the inner surface
necessary for this heat transfer process. Following the beamtrip, the heat source is lost, and the
temperature becomes uniform through the window thickness, as seen in Fig. 7.5a at t = 1110 s. During
the subsequent 20 s ramp to full power, the temperature gradient is re-established monotonically.
Figure 7.5b shows that no stresses are created in the lower target structures, and conditions return to
their equilibrium states without any transient stress crises.

Figure 7.5 Time histories of (a) the maximum temperature, and (b) the stress history
in the lower-target structures for beamtrip transient

7.2 Failure of Main Pump

In the event of failure of the main EMP, the flowrate in the primary circuit reduces very quickly,
because of the low-inertia and high-resistance characteristics of the loop, but partial flow is
maintained, due the buoyancy induced by the beam heating. For the lower target region, where the
heating takes place, it is necessary to ensure that there is no risk to the LBE container during this
transient, and to evaluate the potential for further operation of the target, perhaps at reduced power.

^—Annul us

-Bypass

1150 1175

Time (s)

Figure 7.6 Input conditions to the CFX-4 simulation for the Main EMP failure incident:
(a) mass flowrate; (b) temperature

The pump failure incident begins at t=11OOs. According to the system calculation, the mass flowrate to
the annulus falls sharply from the initial 37.5 kg/s, and then recovers partially to about 20 kg/s, driven
by the buoyancy of the heated LBE in the riser (Fig. 7.6a). The bypass flow is hardly affected, under
the assumption that the bypass pump continues to function normally. The temperature at the top of the
annulus falls, due to the enhanced cooling of the LBE by the THX resulting from the reduced flow in
the primary circuit (Fig. 7.6b), but recovers after about 10 s as a consequence control responses in the
auxiliary circuit. The monotonically increasing nozzle exit temperature reflects the establishment of the
overall hotter operating conditions in the target, resulting from the reduced LBE circulation rate. New
equilibrium conditions (at the reduced flowrate) are established after about 150 s.

29/103



Bypass jet
enters

annulus

Velocity Field (m/s)
Hot-spot

on sidewall
Temperature Field (°C)

Figure 7.7 Velocities and temperature contours 5 s into the main pump failure transient

Figure 7.7 shows conditions 5 s into the pump-failure transient. The bypass jet has penetrated into the
opposite annulus. This is because the main flow has been reduced, and flow conditions are no longer
optimal over the window. However, the window itself remains properly cooled, since the bypass flow
has not been affected by the loss of the main EMP, and the velocity of 1.43 m/s (mass flowrate
2.5 kg/s) at the bypass nozzle exit remains as before.

Upflow in
annulus to height

27 cm

1.43

Hot in
downflow
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Figure 7.8 Velocities and temperature contours 30 s into the main pump failure transient
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However, the non-optimized flow field has had an adverse effect on the cooling of the target hull. The
bypass flow picks up heat from the window and transports it to the annulus, producing a hot-spot on
the sidewall. This will produce unwanted high local stresses in the material. Already, the maximum
temperature in the LBE has increased by 70°C, and the proximity of the maximum to the lower end of
the heater rod will mean increased temperatures in the material, and increased thermal stresses.

The situation 30 s into the transient is shown in Fig. 7.8. In the plane of the bypass jet, the upflow
region in the annulus has reached a height of more than 27 cm, with accompanying increase in
temperature. The region of strong beam heating in much narrower, (c.f. Fig. 7.1), and the maximum
LBE temperature has now increased to 600°C.
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Figure 7.9 Maximum temperature histories in the LBE and on structural components

Maximum temperatures in the window, guide tube, heater rod and LBE are given in Fig. 7.9 for the first
80 s of the transient. There is a strong heating up of the lower part of target (except the window) over
the first 15 s, followed by a more gradual return to steady-state operating conditions, but one in which
the main flow is now buoyancy driven.
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Figure 7.10 Temperatures (top) and von Mises stresses (bottom) over outer window surface at
(a) f = 0, (b) f = 5 s, (c) f = 30 s into the main pumptrip transient;

the arrow indicates the bypass flow direction
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The window remains cooled by the bypass flow, with the mean of the maximum temperature staying
constant at about 375°C. However, the maximum is seen to fluctuate, with many short-lived peaks.
The reason for this behaviour is unclear, and may be an artefact of the calculation. However, the mean
temperature should be reliable.

The maximum LBE temperature increases by about 180°C, and is oscillatory after 35 s. Maximum
heater rod and guide tube temperatures increase by about 100°C and 125°C, respectively, the latter
displaying the same oscillatory behaviour as the LBE. The origin of the oscillations remains unclear. It
should be noted that these are maximum temperatures, not temperatures at a point, and the sharp,
erratic temperature plot for the window is likely to be a numerical artifact. The oscillations in the LBE
and on the guide tube are more regular, however, and are most likely caused by instabilities in the
downflow region on the narrow-gap side of the guide tube into which the bypass jet penetrates, though
more detailed analyses are needed are required to confirm this.

The temperatures and stresses over the window outer surface are given in Fig. 7.10 at different times
in the transient (Zucchini, 2004). The maximum window temperature is slightly displaced from the
centre as a consequence of the cross-flow induced by the bypass jet (indicated by the arrow), which is
still functional. The von Mises stress pattern changes with time, but there are no severe stress
concentrations.

Maximum von Mises stresses for the lower-target structures at various times are summarized in
Table 7.2. Stresses remain more-or-less constant over the window, as previously noted, but increase
markedly for the guide tube (from 49 MPA at t = 1100 to 181 MPa at t = 1130s). The values for the
cylindrical part of the target vessel (from 45 MPa at t = 1100 to 90 MPa t = 1120s) do not take into
account the influence of the target catcher, which was not modelled in this study. Though large, these
stresses do not pose threats to the structural integrity of the components: the yield stresses at 400°C
for T91 steel (window and target vessel) and for SS316L (guide tube) are 460 MPa and 190 MPa,
respectively.

Table 7.2 Evolution of maximum stresses in the principal lower target components

Time (s)

0
1
2
3
4
5
10
15
20
30
40
60
80

Max. von Mises Stress (MPa)

Guide tube
49.1
57.5
54.2
59.0
65.0
70.8
118.8
149.1
163.0
180.9
140.0
155.1
175.5

Window
44.6
47.5
43.9
43.2
43.0
47.1
41.6
44.8
45.1
46.4
44.3
45.3
47.8

Target vessel
44.6
47.5
43.9
43.2
43.0
47.1
41.6
61.7
89.7
55.4
53.0
45.3
60.2

7.3 Failure of the Bypass Pump

The bypass pump has a particular function in providing a continuous jet of LBE across the window,
and stabilising the flow at the base of the target. Failure of the pump is not a catastrophic event,
because the slanted design of the guide tube still maintains a strong cross-flow over the hottest part of
the window, but the transient still requires analysis, to give input to the decision whether to continue
operation of the target.
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Table 7.3 Changes in input conditions for bypass trip transient

Inlet to:

Annulus

Bypass

Temperature (°C)

t<1100s

230

242

t>1100s

230

254

Mass Flowrate (kg/s)

t< 1100s

37.5

2.5

t> 1100s

39.1

0.9

According to the RELAP5 simulation (Leung, 2004), in the event of failure of the bypass EMP, with the
main EMP operating normally, the flowrate in the bypass duct reduces very quickly, but maintains a
bleed flow at the nozzle of about 0.9 kg/s. Due to the heating effect of the pump, LBE enters the top of
the duct is at around 260°C, cools as a result of heat exchange with the LBE in the annulus at 230°C,
but then heats up again due to the heat transfer from the riser to annulus region. This complex
interaction results in the exit temperature at the nozzle being raised to 254°C, and this value is used
for the subsequent CFD simulation. Since the temperatures and flowrates for the main and bypass
circuits change so abruptly, simple step-changes in the input conditions for the CFD calculation suffice
to define a worst-case scenario. Details are given in Table 7.3.

The CFD simulation has been run for 100s, which is close to the new operating point. Time histories of
the maximum temperatures in the LBE, and on the window and guide tube surfaces, are shown in
Fig. 7.11. The maximum window temperature (the window is always hotter on the outside) peaks at t =
1105s, then stabilizes after t = 1110 s. The final temperature is 115°C above normal. The maximum
LBE temperature at first falls sharply, then also peaks at t = 5s, stabilizing at t= 10s. The final
(maximum) temperature is the same as under normal operating conditions. The guide tube maximum
temperature also falls initially, but then recovers, and thereafter remains constant, about 30°C above
normal.

350
1100 1120 1140 1160 1180 1200

Time

Figure 7.11 Time-plots of maximum temperatures for bypass trip transient.

There is evidence of oscillatory behaviour in the lower target region, with period of about 15 s,
beginning 30 s after transient initiation. Careful inspection of the flow and temperature field over the
window revealed that the instability is most likely buoyancy-driven, and is a consequence of
overheating at the centre of the window and periodic lifting off of the attached boundary layer (there is
still cross-flow over the window due to the slanted end of the guide tube), which the bypass flow is no
longer able to stabilize.

Stress analysis of the transient has been carried out with the thermal data provided by the CFD
simulations for the reference operating conditions and a beam current of 1.4 mA. The maximum von
Mises stress vs. time on the window surfaces, and in the guide tube, are given in Fig. 7.12. The
maximum stress during the transient is reached on the outer surface at t = 5 s, while in steady-state it
is located on the inner surface. The stress on the window increases after the pump failure from 44
MPa to 118 MPa, but this is still well below the elastic limit of T91 at 500°C. Later in the transient, the
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maximum stresses on the two surfaces become equal, and almost constant. The maximum stress in
the guide tube increases from 49 MPa to 167 MPa, which is approaching, but still less than, the yield
stress for AISI316 stainless steel (190MPa at 400°C).
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Figure 7.12 Maximum von Mises stresses in lower target components

8. ANALYSIS OF ACCIDENT SEQUENCES

8.1 Beam Over-Focussing

Modelling assumptions

CFD transient simulations have been carried out for partial or total loss of the de-focusing Meson
target, Target E, during operation, resulting in over-focussing of the beam (Dury, 2003); it is assumed
here that the loss of Target E is instantaneous. All transients begin from a normal operational steady-
state condition with a de-focussed beam.

Bypass nozzle

Guide tube

2.5a radial limit of
de-focused beam footprint

(52.5mm x 55mm)

1.0a radial limit of
focused beam
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Figure 8.1 Radial focused and de-focused beam
deposition profiles at the target window

Figure 8.2 Lower Target
Container (flat-ended guide tube)
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The deposition profiles used for the calculations outlined here have radial exponential coefficients for
the focused beam ax = ay = 6.0mm, and for the de-focused beam ox = 21.0mm and oy = 22.0mm. The
1.0a radial limits of both beams, and the 2.5a limit of the de-focused beam, can be seen in Fig. 8.1.
No radial cut-off of either the focused or de-focused beams was imposed, and the flow across the
window from the bypass nozzle was aligned with the X-axis.

Simulations were performed with a target design with bypass flow, a 20 mm vertical gap between
guide tube and window, i.e. a flat end to the guide tube (Fig. 8.2). Though the final target design has a
slanted end (15/25 mm gap), parameter studies indicate no influence of the guide tube design on the
window temperature when the beam was focused, so the simpler design was chosen for this study.

Calculations were performed initially with 100% loss of Target E: i.e. the beam was assumed to
change instantaneously from its de-focused deposition profile and beam current to its focused state.
However, as it is conceivable, and also plausible, that damage to Target E could also occur with only
partial loss of material, and hence only partial transmission of a component of focused beam to the
target, calculations were also performed based on this scenario.

To estimate the beam composition at the target window, an approximation was made in which
percentages of focused and de-focused beam were summed at the window. For example, if 33% of
Target E were lost, the effect at the window was averaged over the whole surface, and 33% of a full
2.5mA focused beam and 67% of a 1.74mA de-focused beam were deposited.Calculations were also
performed for a 2.0mA focused beam (which becomes a 1.4mA de-focused beam after passing
through an intact Target E). The time for peak window temperature to reach 900°C is plotted for both
beam powers as a function of the percentage of loss of Target E in Fig. 8.3.
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Figure 8.3 Time to reach peak window temperature of 900°C from steady-state with different
percentages of focused (ox=oy=6mm) and de-focused (ox=21mm, oy=22mm) beams

It was found, however, that when the percentage of focused beam reaching the window dropped
below about 35% for the 2.0mA beam, or 30% for the 2.5mA beam, the peak window temperature
never rose to 900°C, but reached an asymptotic temperature below this level, dependent upon
percentage loss. Concentrating on the case with 2.0mA focused beam, the development of peak
window temperature as a function of percentage loss of Target E can be seen in Fig. 8.4.
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Figure 8.4 Development of peak window temperature as a function of
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As an aid in assessing the response time required from a rapid detection system to controlled beam
shutdown in the event of loss of Target E, results shown in Fig. 8.4 are also presented in Fig. 8.5 in
the form of the peak window temperature reached after 150ms into the transient, as a function of loss
of Target E. The rate of rise can be seen to be almost linear as a function of percentage of focused
beam (i.e. percentage of loss of Target E).

Structural analysis simulations have been carried out with the target design described above (flat end)
and an assumed beam current of 2.0 mA. The stresses were calculated at the time points at which the
maximum window temperature had stabilised, or reached 900°C, as appropriate.
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Figure 8.5 Peak window temperature at 150ms into transient as a function of
percentage of focused 2.0mA beam reaching the window

All important are the assumed material properties for T91. Initially, yield-stress data were only
available from Subatech up to temperatures of about 500°C, but later these were supplemented by
results from some high-temperature tests undertaken at PSI in the range 550°C to 900°C. The data
are given in Fig. 8.6. It will be seen that there is a rapid fall off in yield strength between 550°C
(400 MPa) and 700°C (60 MPa). The data confirm the assumed total loss of strength of the material at
900°C, though in fact there remains some residual strength.
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Figure 8.6 Yield stress for T91 as a function of temperature,
combining the SUBATECH and PSI data

Figure 8.7 shows the temperature and stress distributions on the external window surface for the case
of 100% bypass of Target E. The beam focussing in the centre of the window is quickly apparent, and
the temperature there has risen to 900°C after about 200 ms. The von Mises stress distribution at this
time shows that the maximum stresses occur in a ring at the edge of the beam footprint. This is not the
same location as the point of maximum temperature (centre of the window), nor the location of the
maximum strain (also the centre of the window). The strong temperature gradient at the edge of the
beam profile is responsible for the increased stress levels, and the weakening of the material with
temperature for the plastic deformation.
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Figure 8.7 Temperature and Stress Distributions at 202 ms for 100% Bypass of Target E

Cases in which there is partial focussing are summarised in Table 8.1. The last column gives the
plastic strain, and the second column the time required to reach 900°C.

Table 8.1 Maximum Temperatures, Stresses and Strains in the Window
for Different Degrees of Focussing

Focus(%)

0

25

33

67

100

Time (ms)

Steady-State

Steady-State

Steady-State

352

208

Tmax(°C)

342

712

819

900

900

amax (MPa)

46

158

184

194

202

£p,max(%)

0

0

0.29

0.58

0.61

Summarizing, CFD simulation of the lower section of the MEGAPIE target under normal steady-state
operating conditions with a 1.4mA beam (radial deposition profile coefficients ax = 21mm and
oy = 22mm at the window), has indicated that a peak temperature at the target window of 354°C or
lower should be achievable with the current design. (Note that the design studies in Section 5 were
based on a beam current of 1.74mA.)

Peak window temperature following an assumed instantaneous, total loss of the upstream, de-
focusing Meson Target (Target E) with a 2.0mA focused beam (radial profile coefficients
ox = oy = 6mm) reaches 771 °C after 150 ms and 900°C after 208 ms. Partial loss of Target E reduces
the rate of increase of peak window temperature, and the peak temperature achieved. Below an
assumed evenly distributed loss of the effective de-focusing capability of Target E of about 35%, the
peak temperature never reaches 900°C. With more than 35% focussing, plastic deformation does
occur, but even at 900°C the calculation indicates that the centre of the window has not failed, and it
can withstand the hydrostatic pressure of the LBE above it with a modest plastic deformation.
However, given the uncertainties in the material data at elevated temperatures, beam over-focusing
must be considered a serious event, and with the potential to threaten the structural integrity of the
window unless the beam is tripped quickly. The entries in Table 8.1 give conservative estimates of the
times available for different degrees of beam focussing.

8.2 Leak of D2O into He Space

In the event of a rupture of the safety window, a jet of D2O could impinge on the hot LBE target
window. The rapid cooling effect would generate large thermal stresses, particularly in the window
region, which is still heated by the proton beam, and may become cooled below its ductile-brittle
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transition temperature (DBTT), with associated threat to the integrity of the structure. Analysis of the
accident sequence requires the coupled application of a CFD tool (CFX-4) and a structural analysis
program (ABAQUS, 2001), with transient data being interfaced between them. Full details are given in
Smith et al. (2004).

A schematic of the lower target arrangement is given in Fig. 8.8. The accident sequence is assumed to
be initiated by rupture of the inner wall of the safety window, a jet of D2O being sprayed onto the hot
external surface of the target hull. The size and location of the break is not known, and an envelope
scenario needs to be formulated. Given that the total internal pressure of the D2O is initially 7 bar (i.e.
6 bar over-pressure), the impact velocity, except in the case of very thin cracks, will be about 35 m/s
(the assumption of potential flow conditions is reasonable since the jet length is short compared with
its diameter).

AIMg3

3/4/3mm

AIMg3

Figure 8.8 Schematic of safety window layout, and and temperature distribution
(°C) under normal operating conditions, as calculated using CFX-4

As discharge proceeds, the pressure reduces, but the water inventory of the circuit of 7.5 litres would
be enough to entirely fill the gap between the safety and target hulls. As a result of some initial
parameter studies carried out using ABAQUS, it was found that maximum stresses occurred if the
entire hemispherical base of the target container were instantaneously wetted, so this case was
chosen for detailed CFD analysis.

max=197°C

Max=34MPa

Time t=0

Max=210MPa

Time t=150ms

Figure 8.9 Contour plots of temperatures and von Mises
stresses on the outer surface of the target window
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At the start of the transient, the target is in normal operating mode, with a maximum (external) target
window temperature of about 370°C. The He in the gap between the safety and target hulls is 0.5bar
initially, so the wall temperature represents over 290°C of superheat with respect to the saturation
temperature at the ambient pressure. This would imply that film boiling would take place, with
associated low heat transfer. As the wall temperature reduces, transition boiling may be expected to
occur, with a consequent increase in wall heat flux. The Critical Heat Flux (CHF) could be reached,
which represents the maximum flux which can occur (except at extremely high wall superheats, which
is not the case here).

A worst-case situation is defined in which: (1) the water jet impacts the centre of the target window,
where the temperature is highest; (2) there is no window cooling during the stable or unstable film-
boiling phases; (3) the heat flux is at maximum (CHF limit) until the wall temperature reduces
sufficiently for a (conservative) heat transfer correlation to be applied (140°C); and (4) the beam
remains on during the accident.

The following recipe was adopted. Initially, a heat flux of q" = 5x1 fj6 W/m2 was imposed over the entire
target window. This value is considerably larger than the classical Kutateladze value for pool boiling
(Incropera and DeWitt, 1990), but follows arguments put forward in recent work on CHF enhancement
due to jet impingement. This value is also consistent with the maximum heat flux which can be
sustained by the window (max. inner-window temperature 335°C, min. outer-window temperature
40°C, minimum wall thickness 1.5mm, and thermal conductivity of T91 steel of 28 W/mK.

When the wall temperature has dropped to 140°C (i.e. 100°C above the D2O temperature), a constant
HTC of 50 000 W/m2/K was imposed. This value ensures continuity of heat flux from the CHF
estimate, and its high value is consistent with the adopted conservative approach.

The reference target model with the 20x10mm bypass nozzle, as described in Section 5 was
employed for the CFD analysis. A transient, conjugate heat transfer calculation was performed,
starting from normal operation mode, with the beam at full power. Transient values for the thermal and
pressure loads to the structures were passed to the ABAQUS code in order that the stress analysis
could be performed.

The temperature and stress distributions on the outside surface of the window at the start of the
transient, and at 150 ms into the transient (the time at which the stresses in the window are at
maximum), are shown in Fig. 8.9. The bypass flow is from left to right, and the hottest region, which
reflects the beam footprint, is displaced slightly from the central axis as a consequence of this cross-
flow. (In this calculation, the elliptical beam footprint was aligned with the bypass flow, as it will be for
the target in operation.)

(atf:y=2100mm)

Target
container

Insulatioi
c(atc: x=50mm)

Figure 8.10 Schematic view of the 2D calculation model

The inside surface is in contact with LBE at about 250°C (cooled by the bypass jet), while the outside
surface is being cooled by the water jet at 40°C. The temperature gradient through the thickness
(1.5mm at the centre) is then about four times larger than that which exists during normal operation,
and is of the opposite sign. Figure 8.9 shows that initially stresses are very low (34 MPa), with maxima
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occurring at the edge of the region influenced by the bypass jet. Because of the cooling effect of the
D2O jet from the outside, after 150 ms the external window temperature is less than that on the inside,
which is still in contact with the LBE stream from the annulus. At this time, peak stresses are located at
the edge of the window, on the opposite side to the bypass flow, and the maximum stress level has
increased to210MPa.

Note that the window has not yet been cooled sufficiently (below 140°C) for the HTC condition to be
applied, so the maximum heat flux of 5X10 6 W/m2 is still being imposed. The imposition of such a high
heat flux is no doubt over-conservative for this region of the window. However, the stress levels are
still more than a factor two below the yield stress of the window material at the appropriate
temperature, so rupture of the window due to plastic yielding is not an issue for this incident.

8.3 Leak of LBE into He Space

The safety container is positioned around the target hull (Fig. 8.10) to ensure that a leak of active LBE
can be safely contained. An early transient analysis of this accident scenario was undertaken by Ni
(2001) using the code ANSYS to examine the time-dependent temperatures of the walls, the
possibility of local D2O evaporation in the safety hull cooling circuit, and possible freezing of the LBE.
Heat transfer by convection between the jet flow of the leaking LBE and the inner wall during the filling
process has also been taken into consideration.

Slowly leaking droplets

At the first stage of a "leak before break" scenario, the leaking LBE can be considered to be in the
form of droplets, which fall onto the cold surface of the safety container and freeze, as shown
schematically in the left picture of Fig. 8.11. Before freezing, it is anticipated that the falling drops
would build up a film layer along the surface. Heat conduction behaviour of this leakage layer depends
on the film thickness and the position of the film layer, and it is therefore modelled in a simplified 1D
manner, as shown in the right picture of Fig. 8.11.

D2O

AIMg3

PbBi E
E
in

AIMg3 wall
D2O

Cooling water

AIMg3 wall i

Figure 8.11 Leakage droplets and idealised modelling of a frozen LBE layer

The 1D model consists of a liquid LBE layer of 5mm and 2mm (central region) or 3mm (outer region)
thick AIMg3-walls. Sudden contact of hot LBE to the inner wall was assumed, the phase change of
LBE taking place at a temperature T=124-125°C. Average heat transfer coefficients (VDI Wärmeatlas,
1997) have been applied for the convection between the wall and the cooling water:
a=0.0347[W/mm2K] for a wall thickness of 2mm (water gap 2mm) , and a=0.023[W/mm2K] for one of
3mm thickness (water gap 4mm).

Table 8.2 lists 5 different cases for the aluminum alloy AIMg3 wall. A water bulk temperature Tbu,k and
an average heat transfer coefficient u were adopted to simulate the cooling effect of the water. The
time dependent temperatures for Case A (which refers to the central heating region with the beam off)
can be seen in the left diagram of Fig. 8.12. Results indicate that the entire 5mm thick LBE layer will
be solidified after 5 seconds of thermal contact. Similar results pertain to Cases E and F.

The right diagram in Fig. 8.12 shows that if the beam remains on, no phase change occurs in the LBE,
but the temperature rises to over 990°C in 5 seconds. The temperature difference through the wall
thickness exceeds 59°C.
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Figure 8.12 Temperature (°C) histories for Case A and Case B of Table 2.

Similar behaviour occurs if there is very poor heat transfer between the shell and the cooling water
(Case D). The temperature difference across the AIMg3 material increases to about 49°C if the beam
is on. Furthermore, the high temperatures of the surface in contact with the water for the beam-on
cases (Case B and Case D), together with the high heat fluxes, would indicate local boiling.

Table 8.2 Model parameters and results for the falling droplet scenario

Case

Beam-on or beam-off?

AIMg3-wall thickness [mm]

Water bulk temperature TbU|k [°C]

Heat transfer coefficient a[W/mm2K]

Initial wall temperature TAi[°C]

Initial liquid metal temperature TLBE[°C]

Time [seconds] for the first phase change (LBE)

Wall surface temp, on water side TAi.max[°C]

Wall temperature difference ATA! max[oC]

Maximal temperature TLBE,max[°C] after 5 seconds

A

off

2

40.

.0347

40.

400.

0.43

90.7

44.8

125.

B

on

2

40.

.0347

65.

400.

no

162.2

59.4

990.8

D

on

2

40.

0.01

65.

300.

no

436.5

55.8

1193.

E

off

3

40.

.023

40.

400.

0.62

87.8

48.8

125.2

F

off

3

90.

.023

90.

350.

2.02

122.6

35.1

133.2

Collectively, the results here indicate that the beam must be switched off as quickly as possible.
However, the analysis is highly idealised, and may be grossly over-conservative, since it is impossible
for the droplets to remain frozen if the beam is left switched on. The second diagram in Fig. 8.12
indicates that temperatures would not be excessive for a thinner LBE layer than 5mm assumed.
Conditions are only critical for the cases in which the beam remains on for 5s. In reality, in the region
of beam heating, the safety hull is convex shaped. Any liquid LBE will run off to the outer region, away
from the beam, and trigger the leak-detection devices. More detailed studies need to be undertaken.

Fast Leak with Beam-Trip

In order to give an estimate of the safety margin for response to leak detection, the transient process
during the beam switch-off, with LBE completely filling the gap between the LMC and LTE was
investigated. Figure 8.13 shows the temperature evolutions at the centre of the window (label b in Fig.
8.10) in the case of the beam being switched off after 2 seconds. The initial temperatures were
assumed 300°C for the leaking LBE and 65°C for the AIMg3 walls, which corresponds to the reference
normal operation at time zero. The average heat transfer coefficient between LBE and AIMg3-wall was
determined from the VDI Wärmeatlas (1997) to be a= 0.0347 [W/mm2K], and the water bulk
temperature was set at 40°C.
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Figure 8.13 Evolution of the wall temperatures (°C) of the LTE during beam switch-off after 2s.

As can be seen from the Figure, the temperature of the inner wall reaches to 142.5°C after 2s, and
there is no boiling of the water under the conditions considered (for a working pressure of 6 bar, the
saturation temperature is known about 160°C). However, the temperature in the liquid metal rises to
634°C in 1s and over 800°C within 2s. It was also found that the liquid metal begins to solidify (at
125°C) within 3s after the beam-off. Therefore, it would be advantageous to switch off the beam within
1s.

Fast Leak: Filling Process ( no Insulation)

The heat transfer taking place during the leaking process could be more critical than those examined
above, due to convection occurring between the liquid LBE and the inner AIMg3 wall. Basically, there
are two coupled flows: the (short-term) transient jet flow of LBE, and the longer-term, quasi-steady-
state situation.

T[*C] TemperaturesfC) along outside surface of inner wall (face to water)
at different time points
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Figure 8.14 Interface temperature (°C) along the inner wall surface of the enclosure

A leak hole of 10mm radius was assumed, located at the centre of the window of the LMC. A
maximum static pressure of 6 bar was assumed at the free surface of the LBE (to simulate
pressurization due to leakage of oil from the THX) giving a total static pressure at the leak of 10 bar.
This gives a leak rate of 4.91/s, and it takes about 2s to fill the gap between the container and the inner
wall enclosure up to a height 2.1m. The average temperature of the leaking LBE was taken to be
300°C. During the filling process, the surface temperature of the LMC was kept at 300°C, and the
beam was assumed to be off.

Figure 8.14 displays the temperatures along the surface of the wall in contact with the cooling water at
time periods of 0/0.1/0.5/1/2/3s as a function of distance from the axis. The profile at t=Os indicates
normal operation. The temperature at the centre increases dramatically during jet impingement, and
reaches a maximum of 189°C after 0.5s, stabilizing at this value as the flow field becomes more
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stationary. As the liquid LBE flows outwards towards the cylindrical part of the enclosure, it heats not
only the wall enclosures, but also the cooling water upwards between them.
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Figure 8.15 Water bulk temperature (°C) along the flow path

The time dependent water bulk temperatures can be seen in Fig. 8.15 along the flow path a to f of Fig.
8.10. The water bulk temperature at the outlet reaches 160°C, which would signify bulk boiling. It
should be noted that temperatures above 160°C are not trustworthy, since no boiling heat transfer
model was included in the simulation.

Fast Leak: Filling Process (with Insulation)

To avoid the possibility of the water boiling, an insulation layer of 1mm plasma-sprayed Ca-ZrO2 was
assumed to have been applied to the cylindrical section of the inside surface of the LTE (Fig. 8.10).
Because of the very low thermal conductivity of this material (0.15 W/mK, compared with 135 W/mK
for AIMg3), the LTE would be effectively shielded by this layer. As seen in Fig. 8.16, the outlet water
temperature can now be kept below 75°C. Furthermore, the cooling ability in the window region (see
temperatures at sections b and c) would also be improved significantly.

Water bulk temperatures(°C)

4 5 6
Time(second)

Figure 8.16 Water temperature (°C) with 1mm insulation layer

Over-Focussed Beam

The over-heating of the LMC due to bypassing of the Meson Target E and over-focussing the beam
has already been described in Section 7 The effect of the incident on the LTE has also been
considered (Ni et al., 2002).

The deposited power density distributions on the target for both the fully focused case (i.e. 100%
bypassing of Target E) and the non-focused case (i.e. normal beam, or 0% bypassing of Target E) had
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previously been calculated by Foucher (2002) using the FLUKA code. Expanding on this principle, a
partially focused beam case can be defined in terms of a focusing factor. The deposited power would
then be:

= (1-ö)qo(x.y) + öq1(x,y),

in which q°(x,y) is the power density for non-focused case, and q1(x.y) tna t f ° r t n e fully focused case.

Table 8.3 Maximum temperatures (°C) for focused beams

Beam case 5

ncident beam current (mA)

' max.wall ( W

I max,water ( w )

0%

1.4

55.5

51.9

50%

1.7

150.8

120.8

75%

1.85

198.5

155.3

100%

2.

246.2

189.8

Three-dimensional, steady-state thermal flow analyses of the LTE have been carried out for different
focusing factors: =0%; 50%; 75% and 100%. The maximum wall temperature Tmax waM(°C) and the
maximum water temperature TmaXiWater(°C) are displayed in Table 8.3. Since the boiling temperature is
ca. 160°C for the working pressure of 6bar, the maximum water temperature of 155.3°C at 5=75%
pointed out that local boiling could occur if the beam is focused over 75%. The subsequent structure
analysis showed that the outer enclosure wall sustains plastic deformation and the maximum plastic
strain was calculated to be 0.085%. The resulting total strain was found to be 0.36% in the centre of
the outer wall, and it is again far below the rupture strain (of 12%).

Transients during the focusing process (from the non-focused beam to the fully focused beam) have
also been studied. In this calculation, the starting period t = 0.0 - 0.5s was supposed to refer to normal
operation, with a focusing factor 5=0%. Temperature developments at 3 typical points along the major
axis of the inner wall downstream are shown in Fig. 8.17.
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Figure 8.17 Wall surface temperatures (°C) along the major axis of the inner wall.

It is interesting to note that the temperatures at a distance of 20mm from the centre of heating
(labelled Touter_x20 and Tinner_x20 in the Figure) decrease slightly initially, but increase later. This is
because these points lie inside the heating region for the normal beam condition (5 =0%), but outside
for the fully focused condition (5 =100%). The fact that the temperatures at these points increase later
is due to lateral heat transfer from hotter regions.

Results indicate that it takes only 0.5s for the enclosure walls to reach their maximum temperatures
after beam focusing, so rapid detection of the over-focussing is needed. The VIMOS (visual monitoring
of incident power distribution on target & anti-clogging device) system is being developed to provide
this rapid response (Thomsen, 2005).
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Simplified 1D Model of LBE Leaking into He Gap

An alternative approach to assessing the consequences of a leak of LBE into the He space between
the LMC and LTE has been presented by Samec (2003). Avoiding complex 2D and 3D modelling, a
system component method was introduced by which the heat transfer from the hot LBE (300°C) to the
cool D2O (40°C) has been considered using an electrical resistance and capacitance analogy.

With reference to Fig. 8.18, the D2O channel is separated into 3 sections: the downflow, window and
upflow regions. Different heat transfer parameters are adopted for each region, a 1D representation of
the conjugate heat transfer problem is formulated (Fig. 8.18a), and algebraic relations defined to
describe conservation of flow, heat balance and heat dissipation are written for each region by means
of the electrical analogy (Fig. 8.18b). The models are linked together by suitable flow boundary
conditions, and parameter studies undertaken.

Although the model is very simple, all the essential components of the heat transfer problem have
been taken into consideration apart from lateral conduction of heat in the structural material, which is
probably only of importance in the actual beam-heating region.

D2O Coolant

Section I, upward flow side

D2O Coolant

Section I, downward flow side

Sectio

Figure 8.18 Location of typical sections analysed using one-dimensional models

The model is conservative in the sense that the he;3t capacity of the LBE is considered infinite, and its
300°C temperature is maintained, despite the heat loss to the water. In addition, the model is only as
good as the heat transfer coefficients (between the LBE and the wall and between the wall and D2O)
assumed. Another limitation is the assumption that the gap is filled instantaneously with LBE.
Nonetheless, despite the uncertainties, the model is fast and efficient, and can provide insight into the
principal cooling issues, and results can be used to guide the choice of appropriate insulation of the
LMC. More detailed CFD simulations are currently underway.

d;
• ~t*j~_'

TL

Figure 8.19 Components of the model:
(a) 1D schematic of heat transfer problem; (b) electrical circuit analogy
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The model was used to gauge the effect of changing the thermal insulation inside the lower target on
the overall temperature in the entire D2O cooling loop.

Boundary conditions and initial conditions must be applied to simulate a particular LBE leak scenario.
The limitations of this simple model are such that the best that can be done is to assume the following.

1. The temperature in the LLMC remains constant at it's initial value of 350°C. This is a
conservative assumption, but close enough to the truth for the initial stages.

2. The initial temperature of the LBE in the He is set equal to that in the steel container. In reality,
the LBE will rise with a finite velocity in the gap and cool down as it comes into contact with
the cooling loop wall. The model here assumes a "Dirac-function" type of contact, with an
ensuing immediate rise in the wall temperature. This again is conservative.

3. The initial temperature of the wall is a parameter which can be varied to simulate different
initial conditions. It is usually set equal to the initial temperature for the coolant, 40°C.

4. The temperature of the D20 coolant at the entrance to the cooling duct is fixed at 40°C for all
values of the variable time.

5. The initial values of the BCs are set at TL = TG0 = 350°C and Two = TB0 = 40°C

A typical result is given in Fig. 8.20. This shows the D2O temperature as a function of distance along
the channel (from inlet) at specified times in the transient. In this example, the thermal conductivity of
the insulation material was assumed to be 1.5 W/mK, but calculations were performed for lower and
higher values. The direction of flow, as indicated in the inset to the Figure, is down the left side, over
the window, and up the right side. The arrows indicate which section model refers to which part of the
heating curve.

Figure 8.20 Temperature of the coolant in the duct; insulation conductivity 1.5 W/mK

As can be seen, conditions are most critical at the beginning of the transient, when temperatures close
to saturation are predicted. This result appears to be independent of the actual value of the thermal
conductivity of the insulation material, and the recommendation of the study is to provide a pressure
relief valve to vent off the steam in the early stages. However, it is recognised that conservative
assumptions have been employed, and further, more exact, analyses are recommended.

CFD Analysis of Initial LBE Leak Phase

In order to provide more information on the processes governing the early stage of the LBE-Leak
scenario, a detailed CFD study has been initiated (Smith and Shepel, 2005) in which the advancing
LBE front is explicitly tracked as it is ejected from the broken LMC container into the He gap.

The starting point for the study is a 3D CFD model of the lower part of the safety window, constructed
using the code CFX-4, and comprising about 175 000 meshes, of which about 62 000 are structural
elements. The second diagram in Fig. 8.21 is a sketch of the block layout for the model, and shows
the positions of the two flow guides separating the cold and hot streams.
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Figure 8.21 Schematic of safety window layout,
and CFX-4 block layout, showing internal flow guides.

The model was constructed from 129 blocks, tailored to follow the contours of the problem geometry,
and identify areas of interest. In particular, in the window region, where the flow is accelerated and the
beam heating takes place, a central region has been identified, together with two concentric rings, in
order to determine average heat transfer coefficients. These are to be used later for the LBE leak
transient simulation. The gap in which the D2O flows between the inner surfaces of the upper and
lower shells was subdivided into 10 uniform cells to ensure proper resolution of the wall boundary
layers. Five meshes were placed across the thickness of each of the shells to capture accurately the
temperature gradients within them, and to have enough resolution to compute bending stresses in the
associated structural analysis (Smith et al., 2004). The properties of the materials are listed in
Table 8.4, and the model and flow parameters in Table 8.5.

Table 8.4 Material Properties Table 8.5 Model and Flow Parameters

Property (units)

Density (kg/m3)

Specific Heat (J/kgK)

Conductivity (W/m K)

Viscosity (kg/ms)

D2O

1100

4232

0.597

2.0 10"4

AIMg3

2670

900

135

_

Parameter

D2O Inlet Temperature

System Pressure

Height of model

Inlet Velocity

Turbulence Model

Value (units)

40.0 (°C)

7 (bar)

0.64 (m)tt

1.95 (m/s)

High Re k-e
Minimum required to ensure closure of recirculation regions.

The velocity vectors for the flow over the curved surface midway between the AIMg3 shells, plotted in
Fig. 8.22, illustrate the degree of acceleration of the stream over the central, heated part of the
window. Careful inspection of the plot reveals the extent of the recirculation regions behind the baffles
(shaded in Fig. 8.22). It is expected that the heat transfer will reduced, leading to local overheating.

In order to compute average heat transfer coefficients (HTCs), the window region is divided into three
sectors, including the central region and two outer annuli, as indicated in Fig. 8.22. Results are given
in Table 8.6, along with estimates obtained from application of the Dittus-Boelter heat transfer
correlation h for fully developed flow, given by:

hDh /Ä = 0.023Re08 Pr0A

in which A (= 0.597 W/m K) is the thermal conductivity, Re the Reynolds number, and Pr ( = 5.56) the
Prandtl number.
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Figure 8.22 D2O flow field over window, midway between shells under steady-state conditions:
(1) Inner Region; (2) 1st annulus; (3) 2nd annulus

Table 8.6 Heat Transfer Coefficients

Region

Inner

1st Annulus

2nd Annulus

Cylinder

Reynolds No.

53 870

40 000

26 800

21 680

HTC (W/m' K)
Computed

48 200

27 700

20 550

n/a

Correlation

32 275

25 200

11 960

10 180

For the upflow and downflow channels of the cylindrical part of the window assembly (Fig. 8.21), it is
not possible to compute the local HTCs using the present model, since the beam deposits no heat to
the structures. The computed HTC over the inner window section is high in comparison with the
standard correlation, though it should be emphasized that the flow area is contracting, and the flow is
accelerated. Consequently, boundary layers are not fully formed, and the developing region of the flow
is extended, leading to enhanced heat transfer. For the annular regions, the correlated HTCs are
higher than the computed ones; this may be an effect of the beam heating profile, which leads to a
reduced area for heat transfer. Nonetheless, the computed values do exhibit the correct trends, and
can therefore be adopted with some confidence for the analysis of the LBE leak incident described
below.

Containment Study

The present 3D model can also be used to simulate the situation in which, following a leak in the target
hull, the entire helium space is filled with hot LBE. This complements the 2D study described above
using ANSYS, and the 1D electrical-analogy study.

Under normal operating conditions, the maximum inner wall temperature in the region heated by the
beam has been computed at 62°C, compared with a saturation temperature at the prevailing system
pressure of 165°C. The heat transfer is consequently very much in the single-phase-fluid regime.

However, the safety margin for possible boiling of the D2O is very much reduced, and perhaps
compromised, if the target vessel leaks, and hot LBE fills the entire helium gap. It should be
emphasised that this very much represents a worst-case scenario, in which, despite mitigating factors
(e.g. freezing of LBE due to high-resistance blockage of the target-catcher arrangement, thereby
stemming the leak), hot LBE manages nonetheless to entirely fill the He space. Already on the inlet
side, the inner wall temperature would then be high, the heat transfer surface is large, and the
temperature of the D2O coolant would be increased considerably before it reaches the window region.
Further heat transfer would take place on the outlet side of the channel, and the possibility of boiling
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occurring needs to be assessed. The present model has been used to address this issue by setting
the temperature on the inner surface of the inner shell to 250°C (assuming perfect thermal contact with
the hot LBE filling the gap between the target and safety vessels), and computing the steady-state
thermal field. It is assumed that the beam is off, having already been tripped by activation of the leak
detectors installed in the outer region of the He space (see Fig. 8.21).

Table 8.7 Area-Averaged Heat Transfer Data for the Containment Study

Region

Inner

1st Annulus

2nd Annulus

Cylinder (model)

Cylinder (actual)

Area (m2)

0.0079

0.0135

0.0119

0.3981

1.3500

Heat Flux (W/m2)

2.40x106

1.31x106

0.95x106

0.97x106

0.97x106

Heat (kW)

18.96

17.73

11.31

1309.5

2762.2

Details of the heat transfer over the window and cylindrical sections of the model are given in
Table 8.7. The model used here is foreshortened (height 0.64 m instead of the actual 2.17 m of the
target), and the D2O will already have been heated by the hot wall in the downflow channel to the
model inlet. Using the HTC con-elation given in Table 8.6, the average temperature increase in the
channel over this length is 100°C. Thus, the inlet temperature for the model is set at 140°C instead of
the 40°C used earlier, to reflect this circumstance. A similar adjustment has to be made to the
temperature on the outflow side of the channel, and the last row in Table 8.7 reflects these
adjustments.

With this extrapolation, the total heat transferred from the hot inner surface of the safety container to
the D2O is over 2810 kW. For the prevailing flowrate, this corresponds to the average temperature
being raised from 40°C at inlet to 317°C at outlet (in the model, the temperatures were 140°C at inlet
to 181°C at outlet). The exit temperature is well above the saturation temperature (165°C), and the
heat transfer is so high that very rapid bulk boiling of the D2O channel may be anticipated. Additionally,
the heat transfer rate is so large in comparison with the heat capacity of the LBE inventory (1.3 MJ),
the present steady-state analysis cannot be substantiated on the time-scale of filling up the helium
space, particularly as a consequence of the high flow resistance occasioned by the small flow area
around the target catcher periphery, and indicates that a more careful analysis of the situation needs
to be undertaken. Moreover, local nucleate boiling would further enhance the heat transfer rate over
that assumed under the present, single-phase flow assumptions. The present model has therefore
only been used to monitor for the onset of nucleate boiling, according to the correlation of Bergeles
and Rohsenow (1964), which, in SI units, may be expressed:

q"0NB =5.3OP1156[1.8(7W - W/m2

where P is the system pressure expressed in KPa. As expected, boiling is predicted over the entire
window and upflow regions.

In summary, the worst-case analysis appears to be grossly over-simplified, and a more realistic
simulation needs to be undertaken in which the heat capacity of the hot LBE in the LMC, and heat
transfer through the structures (rather than the fixed-temperature boundary condition) needs to be
taken into account. This study has already started, and results are expected by September 2005.

LBE Leak case

With the averaged heat transfer data derived from the 3D model of the safety hull, it is possible to
perform a simplified calculation of the initial stages of the leak accident, in which hot LBE released
from the target vessel impacts the upper structural shell of the safety container. Full analysis of this
incident in 3D is not possible with current computer resources. However, if the leak is assumed to
occur on the central axis of the target hull (i.e. the part most vulnerable to beam heating), the flow
domain is predominantly 2D axisymmetric, the only 3D component arising from the D2O coolant flow
between the inner and outer shells of the safety container.
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In order to see the evolution of the front as it moves from the leak orifice into the He space, an in-
house interface tracking procedure based on the Level-Set approach, and recently been implemented
into the CFX-4 code (Shepel et al., 2004), has been employed.

He

LBE

Figure 8.23 The Level Set Function at any point is the shortest distance to the interface.

In the Level Set formulation, the interface between the two phases is represented by a continuous
scalar function <2*(x.O, which is the signed distance to the interface: negative in the liquid phase and
positive in the gas phase. On the interface, therefore, ^(x,/) = 0 . Figure 8.23 illustrates the concept,
with more details given in the referenced works.

In the present study, a 2D representation of the target and safety hulls has been adopted, Fig. 8.24.
Note that the safety hull is hemispherical, while that adopted for the 3D study was based on the earlier
concept. Nonetheless, the internal D2O channel dimensions are as before, and we simply take over
the results from the existing 3D model to estimate average heat transfer properties. Only the inner of
the two AIMg3 shells is modelled here. To economize on the number of meshes, the inner part of the
target has not been included, and the target hull is defined as a simple adiabatic boundary, with a
central orifice of radius 0.02 m. As explained earlier, the dimension of the orifice to be adopted in a
hypothetical accident scenario is open to question. We take here a conservative approach in which the
orifice size matches approximately standard variation of the Gaussian footprint of the beam.

Inner Shell of
Safety Hull

Figure 8.24 Schematic of 2D leak test geometry

For convenience in defining the initial Level Set function, a short pipe has been placed above the
orifice. The inlet boundary for the LBE is located at the top of this pipe, and the initial LBE/He interface
is set halfway down its length; the inlet velocity for the LBE is 9 m/s, as discussed earlier. The outlet is
at the top of the annular section, with a simple pressure-constant boundary condition imposed. Heat
flux boundary conditions are applied to the outer surface of the AIMg3 container, the heat fluxes
determined from lower wall temperatures via appropriate HTCs, as described earlier. The total number
of meshes used in the model is 8890.

The motion of the helium gas is not important for this study, so it is convenient to adopt the
homogeneous equilibrium model (HEM) for the two-phase mixture. Without the Level Set model, the
LBE/He interface could only be represented cell-wise in terms of volume fractions, and would be
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subject to numerical diffusion. Instead, the zero of the Level Set function 0(x,t) is used to keep the
interface sharp.

As the hot LBE makes contact with the cold surface of the safety container, there is a possibility it will
freeze, and a simple freezing model has been installed to allow for this eventuality. In this model, the
latent heat of fusion is included into the definition of specific enthalpy in terms of temperature
according to the following prescription:

h = cp{T-Tnf)-LH{Tmelt)

in which h is the enthalpy, Tmf ( = 250°C) is a reference temperature, L ( = 38124 J/kg) is the latent

heat of fusion of LBE, Tmglt ( = 125°C) is the melting temperature of LBE, and H is the Heaviside

function, centred at Tmglt. Additionally, the viscosity is enhanced (by a factor 1000) if T <Tmglt, to
represent the effect of solidification. In fact, the model has acted only as a monitoring device, since the
LBE motion is so rapid that any freezing that did occur was on a scale less than the width of the fluid
cells next to the cold boundary, and so the freezing criterion was never actually satisfied for cell-
averaged temperatures.

Figure 8.25 shows the development of the LBE front as the jet expands into the gap between the
target and safety hulls, impacting the latter after about 2 ms, and flowing radially outwards over the
surface of the hemispherical shell. The motion is very rapid, and hot LBE replenishes the thin layer
faster than the heat is transferred across to the cold AIMg3 surface, thereby preventing freezing. After
8 ms, the leading edge of the LBE starts to fragment, and it becomes more difficult to track the
interface accurately. Consequently, in order to continue the calculation, cell-wise volume fractions
were used instead to define the location of LBE/He front.

2 ms 4 ms 8 ms

t - 15 ms
25 ms 200 ms

Figure 8.25 Development of LBE front into helium space

At 15 ms, the front has started to ascend the inner wall of the cylindrical section of the vessel. It
continues to rise (25 ms), filling the narrow (3 mm) gap between the target hull and the inner surface of
the safety vessel. At 200 ms, the upward flow has divided: one stream carries LBE to the model outlet
(at a height of 0.64 m), while a second stream turns over to fill the plenum area. By this time, the 2D
model becomes unrealistic, since the remaining helium is trapped in the inner vortex region. In
addition, the model has not included the target catcher, which would tend to increase the resistance in
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the cylindrical channel and promote more strongly the recirculation in the lower plenum. Nonetheless,
with these limitations, the simulation has still provided important information.
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Figure 8.26 LBE pressure on centreline of AIMg3 shell

It is seen that the LBE quickly fills the narrow annulus between the hot target wall and the cold inner
shell of the safety container, and there is sufficient heat transferred across the gap to inhibit freezing of
the LBE. This means that ultimately the safety container wall is exposed to hot LBE over its entire
height of 2.17 m - the scenario analyzed in a previous Section of the paper. This reinforces the
recommendation that one of these surfaces should be insulated to prevent boiling of the D2O, and
pressurization of the D2O circuit.

A pressure peak is generated at the point of impact of the LBE slug with the safety container hull.
Initially, the pressure everywhere in the gap is 0.5 bar. Figure 8.26 shows that, at the time of impact,
the pressure rises to about 10 bar, but quickly decays as the diverted flow becomes established.

At later times, an asymptotic pressure level is attained, corresponding to the sum of the effective
hydrostatic pressure needed to support the LBE (density 10421 kg/m3) column, 4.60x105 Pa, and the
stagnation pressure on the axis needed to divert the downward flow:

1
=4.22x105Pa.

9. LBE FREEZING

LBE is known to expand after solidification by up to 1% volumetric. The understanding of this
behaviour will be important for the design and safe handling of the MEGAPIE target, since it is
intended to freeze the LBE in the target at the end of irradiation period to minimize the risk in handling
irradiated material in liquid form. The expansion may overstress the LMC, which would then
compromise the PIE. Consequently, it is necessary to develop understanding of the fundamentals of
the solidification and expansion processes for LBE, and to define a safe procedure for freezing the
LBE in target.

9.1 Experiments PSI

Based on its phase diagram, our understanding of the solidification process in LBE is that the eutectic
formed by cooling below 125°C consists of the almost pure Bi (y-phase) and the ß-phase (Pb41.6%Bi).
Upon rapid cooling, the beta phase will remain supersaturated, but, with time, equilibrium will be
approached, due to thermally activated diffusion processes, causing expansion. In LBE, these
processes take place even at room temperature (0.75 Tm). Although the yield stress of LBE is small
compared to that of the container materials (Dai et al., 2003), it is sufficient to damage them under
constraint conditions at room temperature (Agostini et al., 2004).

Experiments indicate that the expansion at low temperatures can be minimized by controlled cool-
down from the freezing temperature. Assuming that expansion cannot be suppressed unless the LBE
is cooled to very low temperatures, transformation of the LBE should take place at the highest possible
temperature, in order to keep the yield stress as low as possible. This may be achieved by controlling
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the cooling process such that the LBE always stays close to the equilibrium; i.e. by cooling along the
phase boundary.

j
a
r

10 100

Figure 9.1 Time to failure of glass vial (see insert) as a function of cooling rate

Two types of test were carried out to check these assumptions (Groeschel and Patorski, 2004):

1. Effect of LBE cooling rate on the expansion

LBE was frozen in small glass vials and cooled to room temperature at different cooling rates. It was
observed that the time to crack the vials was longer the slower the cooling rate (Fig. 9.1). The
reproducibility of the experiments was good: less than 1 day for the fast cooling rate tests, and less
than 1 week for the slow cooling rate tests.

2. Variation of the quench temperature after slow cooling and its effect on the expansion.

LBE was frozen and then further cooled at a rate of 0.02°C/min to different temperatures, and then air
quenched to room temperature. About 10 minutes after quenching, the linear expansion of the
specimen as a function of time was measured and recorded. Figure 9.2 shows that, compared to
direct quenching at room temperature, the expansion is reduced by a factor of about 6 if the LBE is
first slowly cooled to 60-90°C.

LBE Expansion as a Function of Quench Temperature

- LBE samples melted at 150C/10 min,
cooled to 127C in 20 min, held at 127C/10 min
slowly cooled (0.02C/min) to quench temperature,
quench to room temperature and machine to size
sample length about 50 mm, time between quench and
start of measurement 10-15 min

5000 T 10000 15000 20000 25000 30000 35000 40000

Power failure and reset Hold Time at RT [min]

Figure 9.2 Expansion after slow cooling and quenching from different temperatures
(RT=quenching to room temperature)
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The results confirm the assumptions made. In order to avoid overstressing of the LMC, it is necessary
to slowly cool to a temperature at which the yield stress of LBE is so low that the expansion can be
accommodated without damaging the container, and the transformation has taken place to such an
extent that the remaining expansion at lower temperature keeps the containers well below the yield
strength. The work of Agostini et al. (2004) suggests that the LBE yield stress must be lower than 4
MPa to accommodate the expansion without damage to the container. This condition seems to be
fulfilled for a temperature of about 90°C, for which the yield stress is about 2 MPa at the strain rate of
10'6 assumed for the high temperature expansion rate. The remaining expansion of ~0.05% after
cooling to room temperature is so small that the elastic limit of the container will then not be exceeded.

9.2 Experiments ENEA

This work was closely coupled with the ongoing stress analysis being undertaken using ABAQUS, and
which is reported later in this Section of the report. Building on previous expertise from Russian
studies, it was noted that during the transition of LBE from liquid to solid, a significant shrinkage (5%)
takes place. Unfortunately, the voids are concentrated in the centre of the free surface and do not
allow a significant volume recovery during recrystallization. The linear thermal expansion coefficient of
LBE at 100°C is 21-10'6 K"1, while that of stainless steel is 16-10"6 K"1. This means that the contraction
of LBE during cooling is larger than that of its container, and 0.15 % of the volume becomes available
after reaching room temperature. Such a value is about one tenth of the volume expansion due to
recrystallization.

The numerical observation about this parameter can be explained by considering that the plastic flow
toward the free surface is made easier, and takes place without exerting large forces on the walls
when the LBE is very "soft" (lower yield stress). However, when the LBE is "hard" (higher yield stress)
its flow towards the top requires large internal forces. With application to freezing the MEGAPIE target
after irradiation, such forces could definitely damage the LMC. For this reason, it would be useful to
deal with "soft" LBE during freezing/melting operations. To establish quantitative ranges for the
calculations, the execution of some tests of LBE specimens at controlled temperature were carried
out.

Compression tests were preferred for two reasons: (1) there is a better correlation of the results, since
in MEGAPIE the LBE will be compressed, and (2) it was easier to fabricate, control and test the
specimens under compressive conditions.

The interface between specimens and testing machine was refurbished following the ASTM standard
E 9-81 for compression tests. Each specimen was a small cylinder of LBE obtained by pouring the
liquid alloy at about 180°C into glass tubes (moulds), breaking the tubes after solidification, cutting the
metal rods into pieces, and finally polishing them at both ends. Each specimen was 26mm in diameter
and 20mm long. During each test, the specimen was immersed in diathermic oil, for which the
temperature was continuously monitored by thermocouples. The comparison test parameter was the
0.2% yield strength, recorded as an average value of five valid tests in each condition. Experiments
have shown that the chosen parameter is strongly influenced by the test temperature, as illustrated in
Fig. 9.3.
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Figure 9.3: Influence of Temperature on the Stress-Strain Diagram of LBE.
Curves 1, 2, 3 refer to 110°C, 100°C, 90°C, respectively.
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The second parameter affecting the LBE yield strength is the strain rate. When this parameter is
combined with high temperatures close to the melting point, there is a complex micro-physical
phenomenology involving relaxation, phase segregation, matrix deformation and grain boundary
sliding. The net result is a positive strain rate sensitivity of the material, which is clearly shown in
Table 9.1.

It should be noted that the importance of the LBE creep increases dramatically with temperature:
according to the Russian literature, the creep extent above 70°C is about four orders of magnitude
higher than at 0°C. The velocity of stress application in the actual case is close to the strain rate of the
free LBE expansion. The maximum LBE expansion rate, from Takeda's experiments, was about 5-10"6

s'1 at 110°C. Since the strain rate effect of a constrained expansion has not yet been studied, we
assume the former figure as the most realistic strain rate for laboratory compression tests.

Table 9.1 Positive strain-rate sensitivity of the material for fresh and aged samples

Strain rate (s1)

5-10^

5-10-6

5-106

5-10-6

1-10"4

1-10"4

Temperature (°C)

90

110

90

110

86

104

Maximum age

3 months

3 months

5 hours

5 hours

3 months

3 months

0.2% Yield strength (MPa)

6.1

3.3

5.2

3.0

11

8.8

Fresh/Aged

aged

aged

fresh

fresh

The third parameter, whose influence was evident, is the ageing time after solidification. Two different
sets of compression specimens were tested at 5-10"6 s"1 strain rate and at 90°C and 110°C. The first
set of specimens had been produced three months before testing, namely the aged condition. The
second set had been produced less than five hours before testing, namely the fresh condition. The
comparison between fresh and aged samples, as reported in Table 9.1, reveals a yield stress
reduction of up to 18% for the fresh LBE. It must be pointed out that the case of freshly frozen samples
is the most representative of the actual situation in MEGAPIE, where the expansion takes place
immediately after the solidification.

The yield stress reduction observed on the fresh samples is due to the lack of y phase segregation,
while in the aged alloy it constitutes a significant resistance to the relative motion of dislocations. The
most favourable situation, in terms of low yield stress, is the case with fresh LBE expanding at high
temperature and low strain rate, which can be achieved by maintaining the containing vessel at 110°C
for about one week after solidification.

9.3 Calculations ENEA

Figure 9.4 shows the geometry of the structures which have been taken into account: the target
vessel, the fill and drain (F&D) tubes, and a solid LBE layer of height 350mm, extending from the
bottom up to the tip of the central instrumentation rod. The latter has been modelled just as a plane
fixed boundary for the solid LBE; i.e. no crushing of the instrumentation is considered. The guide tube
and the target hull are assumed to be hanging from their top sections. The nodes of these sections are
constrained axially, but can freely move in the radial direction.
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From the structural point of view, the
LBE freezing process, and its
subsequent expansion due to re-
crystallization, in the target should not
lead to stresses in excess of the elastic
limit, particularly in the beam window
region. Consequently, stress analysis
calculations have been carried out using
the FEM code ABAQUS in order to study
the stress state of the target for different
thicknesses, and temperatures of the
solidified LBE layers, in the lower part of
the target, and to determine the
sensitivity of the results to other problem
parameters.

Early 2D analyses (Zucchini, 2002)
showed that the introduction of empty
cavities inside the solid LBE could
eventually significantly reduce the
stresses in the target material. The Fill &
Drain tubes could be used for such a
purpose, because, if they can be kept
empty during the freezing process, and
are suitably designed, they would be
easily crushed during the expansion
phase. However, to explore further the
potential of this concept, it was
necessary to extend the FEM model
to3D.

Figure 9.4 Geometry and Dimensions (mm) of the FEM Model

Figure 9.5 Target, Guide Tube and Fill & Drain Tubes
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The FE mesh is shown in Fig. 9.5: for symmetry reasons, it is possible to restrict the model to one half
of the structure. The target vessel is plotted in green, the guide tube in blue. The 3D aspect of the
model is represented by the presence of the F&D tubes (to be used as free expansion volumes for the
LBE as it expands). In the initial design, the F&D tubes were of circular cross-section, of 6 mm internal
diameter and 1 mm thickness, and were situated on the external surface of the guide tube, at an
angular distance of about ±22° from the axis of the bypass nozzle. In the FE model, one tube has
been simulated by means of a simple hole in the solid LBE (the red elements in Fig. 9.5) of cross-
sectional area roughly 67 mm2, given by a circular ring sector with a central angle of 10° (from 15° to
25°). The mesh consists of 25 996 quadratic brick elements, giving a total number of degrees of
freedom of 269 400.

The guide tube is assumed to be of stainless steel AISI 316 and the target hull of martensitic steel
T91. The Young's modulus and Poisson coefficient of such materials are standard values taken from
the literature: E316=E91=200 GPa, v316 = v91 = 0.3. The yield stress of unirradiated T91 steel is taken as
ay = 550 MPa, but hardens with irradiation. The material properties of LBE are E=2.5 GPa, VLBE=0.38,

ay = 1-4 MPa, depending on strain rate (Zucchini, 2004).

In this study, the solid LBE was kept at constant temperature after solidification, and the material
properties are assumed to be strain rate independent. The average strain rate of the LBE expansion
has been estimated from the results of Takeda (2002), which gives, for T=110°C, a volume change of
about 0.8% to 0.9% for the first 10 minutes, leading to an average linear strain rate of about 4-5x10"6.
The total volume change in the simulation, applied to the LBE as an isotropic volume expansion, is
1.2%.

Some approximations were made in order to simplify the FE model, which would have been otherwise
unmanageable:

1. no slip (i.e. perfect bond) between LBE and internal walls;

2. central rod as a fixed plane boundary for the LBE;

3. F&D tubes replaced by an empty cavity in the LBE, with no mechanical resistance.

The first two assumptions constitute a conservative approach, since any constraint restraining the
axial expansion of the LBE, such as higher shear stresses at the interfaces or a fixed boundary, will
increase its radial expansion, leading to higher stresses in the containment vessel. The third point is
not conservative, but realistic for the tube design, which has a collapse pressure far below the
hydrostatic pressure in the LBE.

0»
No cavity

Cavity
tat—4 MPa

Figure 9.6 Deformed Shape of Target (Deformation Magnified by Factor 100)
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Four full elasto-plastic simulations have been run up to a final volume expansion of the LBE of 1.2%:
with the LBE yield stress taken both as 1 MPa and 4 MPa, both with and without the effect of the crush
cavity. The final deformed shapes of the lower part of the target (i.e. that containing the 350mm of
solid LBE) are shown in Fig. 9.6. Here the displacements have been magnified 100 times for sake of
clarity and compared with the initial shapes in green. It can be remarked that, for the LBE without any
cavity, the radial expansion is larger with the higher yield stress. This can be ascribed to the reduced
plasticity, which limits the amount of deformation released by axial expansion.

While the calculated shapes, as they should be, are completely axisymmetric in the cases without the
F&D tube, the introduction of a crushing volume, with either value for the yield stress, produces a
strong asymmetric deformation, with a local concavity. This effect is rather more pronounced for the
case with more plastic LBE (ay = 1MPa ), because of the increased capability to flow into the
expansion cavity.
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Figure 9.7 Stress Distribution in Target for 2 LBE Yield Stresses:
ay = 1MPa (left); ay = 4MPa (right).

As a cross-check, the von Mises stress at the window centre (i.e. on the beam axis) for the cases
without F&D tubes (and yield stress of 1 and 4 MPa) have been compared with results from the
previous 2D simulation. The agreement was very good, confirming the reliability of the two numerical
simulations.
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Figure 9.8 Von Mises Stress Distribution in the Window (internal surface)
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Results show that the introduction of the crush zone has a beneficial effect in generally reducing the
stresses in the cylindrical part of the target hull, due to the possibility for the LBE to expand freely into
the cavity (Fig. 4). Though there remain local regions of stress concentration on the hull (clearly seen
in Figure on the right of the target, i.e. the side of the cavity), the maximum von Mises stress is
reduced with the cavity present, from 300 MPa to 150 MPa in the case with the lower yield stress (Fig.
9.7, left), and from 550 MPa to 440 MPa with the higher yield stress (Fig. 9.7, right). These peaks are
due to local bending, produced by the non-axisymmetric deformation, this adding bending stresses to
the basic membrane stresses of the overall cylindrical expansion.

The stresses over the target window are shown in Fig. 9.8. For the simulations with a crushable
volume it is evident that the lower tip of the cavity yields a region of low stresses (the blue areas in Fig.
9.8c and Fig. 9.8d) around it. We can distinguish between the very central part of the window (the
triangular mesh in Fig. 9.8, i.e. roughly the area inside the diameter of the guide tube) and the region
outside (the quadrilateral mesh). In the case with a 1 MPa yield stress for the LBE and no cavity (Fig.
9.8a), the von Mises stress is higher in the external region and decreases towards the centre, where it
falls to 99 MPa. With the expansion cavity present (Fig. 9.8c), the behaviour is reversed, and the
stress is highest at the centre of the window (107 MPa). Though little changed, the average stress
level over the central part of the window is generally lower if the cavity is present. In the case with a
higher yield strength for the LBE of 4 MPa, which seems to be more consistent with the experimental
studies described above, the highest stresses are always at the centre (Figs. 9.8b, 9.8d). The
maximum stress level is much the same with or without a crushable cavity (440 MPa and 450 MPa,
respectively), though overall stress levels are considerably reduced with the cavity. The maximum
stress reached in the T91 steel in both cases is close to, but still less than, the minimum (i.e.
unirradiated) yield stress of the material, and there is no plastic deformation.

10. VALIDATION AND BENCHMARKING

Within the MEGAPIE project, it is not straightforward to verify the cooling principle by means of an
integral test experiment because of the difficulty of realistically reproducing the volumetric heating
effect at representative power levels without actually using a beam. Consequently, many of the
thermal-hydraulic studies focus on the use of advanced numerical tools for the evaluation of peak
temperatures, and for verification of the overall coolability of the target. Of necessity, a high level of
confidence in the computations must be demonstrated. Special-effects experimental tests using actual
and simulant materials have been carried out within the project to examine specific critical elements -
particularly window cooling - but often the analyses depend heavily on the quality and reliability of the
numerical studies.

CFD for liquid metal heat transport in general suffers from two problems. The first relates to
uncertainties in modelling turbulent heat transfer, a process which determines the degree of thermal
mixing mainly in the regions away from walls (mixing by jets, heat removal from recirculation regions,
recirculation pockets adjacent to jet flow, etc.). Thus, data are required for validation, which provide
information on the flow internal mixing. At the same time, detailed information on the velocity field is
also required to check whether results are consistent. These requirements have been roughly fulfilled
by the combination of the HYTAS and Heated Jet experiments at FZK (see below).

The second problem concerns boundary layer modelling. Generally, thermal wall functions are
employed to determine the wall heat transfer coefficient; there is only a very minor influence of the
turbulence model itself. In the context of the MEGAPIE CFD simulations, according to current
practices on the use of thermal wall functions at low Pr values, such fine grids were used that the first
mesh lay inside the thermal sublayer, and linear wall approximations were applied. This means also
that no parameter variations could influence in a meaningful way the resulting wall heat fluxes from the
window into the fluid. Consequently, what is required is that we either demonstrate that the calculated
wall heat fluxes agree with reliable data from experiments (this would have been the primary objective
of the KILOPIE tests, if the heat fluxes had been large enough), or that we concentrate solely on grid
convergence, thereby demonstrating that the linear approximation is justified, and that the chosen
grids are fine enough. For the parallel-wall-jet configuration, there is no general difficulty known with
the models, hence it should be sufficient to demonstrate grid convergence.

Such numerical studies have been performed by various organisations within the MEGAPIE project,
for the most part concentrating on specific aspects of the design. However, on the important topic of
lower-target cooling, in addition to experiments, there has been sufficient overlap in the numerical
simulations to be able to define a Benchmark exercise in which participants were invited to submit
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results from a well-defined numerical test case in representative MEGAPIE geometry. All validation
and benchmarking activities are reported under appropriate sub-headings below. In addition, the
general problem of using and validating CFD in the field of ADS target applications, and the physical
model features required, were discussed at an IAEA Workshop at FZK in 2003 (Grötzbach, 2003).
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Figure 10.1 HYTAS Experimental Set-Up: (a) geometry; (b) dimensions [mm];
(c) Laser Light Sheet of the flow (without bypass) for Regap=6x104 (exposure time 98ms).

10.1 HYTAS

Introduction

The velocity distribution and its stability close to the beam window play decisive roles in the reliability
of operation of the target. Due to the complexity of the geometry, and the limited capability to obtain
velocity measurements in LBE, a set of water experiments in appropriate lower-target geometries have
been performed (Lefhalm et al., 2005).

Experimental-Set-Up

The experiment (Fig. 10.1a) is entirely fabricated from plexiglass in order to apply optic measurement
systems such as Laser Doppler Anemometry (LDA) or Laser Light Sheet Imaging (LLS), as indicated
in Fig. 10.1b, Fig. 10.1c. The test section has a length of 1352mm, and several ports to mount sensors
for Ultrasonic Doppler Velocimetry (UDV). The module is connected vertically to a water loop system,
which can provide a maximum flowrate of 65m3/h at a constant temperature of 25°C (±1°C). The
flowrate of both main flow and jet flow can be independently adjusted and are continuously monitored.
Note that in Fig. 10.1c velocity distributions (black) and rms values (red) have been overlaid at
corresponding measurement positions.

In order to quantify the magnitude of the acceleration (or deceleration) of the fluid, all velocity and
fluctuation data presented are normalized with the mean axial velocity of the individual flow domain
(annular gap or riser tube). The maximum fluctuation intensities are those produced by the jet pump in
the configuration with a nozzle. For these cases, the normalized rms value reaches 1.28%, whereas
the main flow inlet exhibits only 0.4%.
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Figure 10.2 (a) Measured (•) and calculated ( ) radial velocity distributions at z/R=1.2 for
Regap=6x104. Spatio-temporal plot of uz recorded with UDV in a radius r/R=0.66 at <t>=0°

(b) and «j>=90° (c) and Regap=5.3x103.

Results

Figure 10.1c shows a LLS image of particles transported with the fluid for a Reynolds number Regap=6x104 in
a configuration without a jet flow. Overlaying the LLS image are measured velocity distributions and
their fluctuations in the plane (|)=0° at two heights using LDA. The main flow in the gap exhibits fully
developed behaviour because the local gradients between z/R=1.9 to z/R=1.2 almost vanish and the
rms values at these heights are very similar.

In Fig. 10.2a, the measured profile is compared with a numerical solution calculated using CFX-5
(private communication); relative differences of less than 5% are found. Additionally, the position of
zero shear stress, which can be analytically calculated, coincides with the numerical solution and the
experimental data. The lateral velocities recorded at both heights are close to zero indicating the
absence of a swirl motion. From there the main flow is continuously accelerated downstream due to
the reduction in cross-sectional resulting from the curvature of the shell. When the fluid reaches the
lower rim of the riser tube, it is turned through 180°.

-0.5 -0.4 -0.3 -0.2 -0.1-0.7 -0 -0.7 -0.6 -0.5 -0.4 -0.3 -0.2 -0.1 0

Figure 10.3 Normalized axial (a) and lateral (b) velocity distribution as functions of r/R in the
riser tube at z/R=1.9 for Regap=6x104. Squares denote the plane <|>=0o and circles (|>=90o. Open

symbols signify no bypass jet and filled symbols denote a jet flow with a flowrate ratio Qma(n/Qye(= 15.

Due to the slant of the guide tube end, a significant portion of the fluid is transported in the form of a
large jet in the plane §=0° across the centreline in the negative r-direction. At both heights, the flow is
far from stable; and the normalized rms values are greater than unity throughout the measured

61/103



domain. Adjacent to the jet, in the region r/R>0, a recirculation region appears, consisting of counter-
rotating vortices, the lateral extent of which increases monotonically with increasing z/R coordinate.
Due to the slant of the guide tube end, the stagnation point is shifted in the negative r-direction.
Adjacent to it a low velocity recirculation region establishes itself.

Due to the large fluctuation intensities recorded, the UDV could only resolve velocities for the lower Reynolds
number situations with the stagnation points at the inner side of riser tube at r/R=0.66. Figures 10.2b and
10.2c show spatio-temporal graphs of the axial velocity along these lines for <)>=0o (Fig. 10.2b) and <)>=90°
(Fig. 10.2c) at Regap=5.3103. The black lines in the graphs denote zero velocity. It is clearly visible from
both graphs that the flow in the plane <t>=90° reattaches to the riser wall earlier than in the plane <t>=0°.
Moreover, the fluctuation intensity there is considerably larger, as the rapid changes in the colour pattern
suggests.

Figure 10.3 shows a comparison of the measured axial and lateral velocity distributions for a
configuration with and without bypass flow at the same Reynolds number of the main flow in the annular gap.
The flowrate ratio of the main flow Qmam to the jet flow Qje, is 15. Regarding the mean transport velocity, the
introduction of a jet flow leads both in the plane of the nozzle and normal to it a shift of the peak velocity from the vicinity
of the riser tube wall towards the ducts centreline. Similar behaviour is found for the lateral velocity. As
both graphs show, the bypass flow does not lead to significant change of the velocity distribution beyond
z/R>2, but does change the turbulence intensity distribution in the window region considerably.

Summary

The flow field in a glass/water model of MEGAPIE target geometry has been investigated using optic
and acoustic methods. Both LLS imaging and the LDA indicate the presence of a complex and
strongly time-dependent multi-stream and multi-vortex pattern, especially in the vicinity of the window,
though the flow is stable and steady in the annular gap. The abrupt change in cross-sectional area,
together with the 180° change in flow direction causes a one order-of-magnitude increase in the
fluctuation intensities in all velocity components. Additionally, the UDV measurements show that the
plane <j>=90° is more affected than the plane §=0°. The introduction of the bypass jet flow alters the
flow pattern only in the immediate vicinity of the window. But, already for z/R=1.9 the differences
between two cases is more of a quantitative than a qualitative nature.

10.2 KILOPIE-HETSS

Following exploratory LBE tests at PSI to check the functionality of the measuring equipment, an
experiment was performed in the KALLA THEADES loop at FZK to measure window/LBE HTCs with
Heat Emitting Temperature Sensitive Surface (HETSS) devices used to provide the source of window
heating. The heat transfer coefficient was determined by measuring the local temperature increase
resulting from the application of a defined heat flux distribution through the window to the flowing LBE.
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Figure 10.4 Influence of the By-pass Flow on Heat Transfer
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The window consists of a 0.5 mm-thick T91 dish, which is covered by a thin ceramic layer on which a Ni
foil is glued. Heat is generated electrically in the Ni foil, and is tailored to produce a heat flux distribution
similar to that in the target window when imposed by the proton beam. The common thickness of the
ceramic and epoxy layers was assumed to be 0.04 mm, and the combined thermal resistance of the
ceramic and the epoxy layer was calculated from an ideal bulk conduction heat transfer model to be
0.7x10'5 Km2/W. Because of the assumed small dimension of these layers, even a 50% error of this
quantity would not noticeably influence the HTC in the range of interest. Therefore, no exact
measurements of the contact layers thicknesses were carried out before the experiment, nor was the
thermal resistance measured. The main result of the experiment was that: the measured HTC did not
exceed 5500 W/(m2K), and remains about the same for all the flow regimes foreseen for MEGAPIE
operation (Fig. 10.4).

The HTC values are much lower than expected from CFD calculations (Vannnini et al., 2003), and three
times lower than those obtained earlier in the Riga mercury loop in a similar experiment. One
explanation for this is connected with the effective thermal resistance of the multi-layer sandwich wall. A
larger HTC would be obtained from the measured data if the contact layers of the dish were considerably
thicker than estimated (0.04mm). Determination of the thermal resistance of a sample with a similarly
manufactured multi-layer wall by laser flash analysis (LFA) has revealed a three times higher thermal
resistance than the one used here to estimate the HTCs. Based on the LFA-measurement, a 45%
increase of HTC from 5500 to 8000 W7(Km2) would result. Consequently, the experiments are not
considered suitable for CFD validation.

10.3 KILOPIE-IRT/KILOPIE-TC

Again following first tests at PSI, simultaneous Infrared Thermography (IRT) and Thermocouple (TC)
measurements of the cooling conditions over the MEGAPIE window have also been performed at the
FZK KALLA THEADES loop facility, in close collaboration with the PSI team. The purpose of the
experiments was the determination of the distribution of the heat transfer coefficient (HTC) over the beam
entry window under appropriate LBE flow conditions resulting from the mixing in the lower plenum of the
target of main flow and the nozzle jet bypass flow. The methodology and setup of the experiments is
described by Patorski et al. (2003).

In the IRT-KILOPIE-1 experiment, the temperature field of the window dish was measured by infrared
thermography (IRT), a non-contact measurement technique. In the TC-KILOPIE-1 experiment, the HTC
was determined by thermocouple measurements of the local temperatures on the inner surface of the
window surface at a few points in the plane of the bypass jet flow. Common measurements for both the
IRT- and TC- versions of the tests were: the bulk temperature of the LBE coolant by TC and the heat flux
applied to the window specimen dish by DC current in the steel heating foil.
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Figure 10.6 Cooling at window centre (TC2) - Influence of main flow at heat flux of 5 W/cm2
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The results of the TC-KILOPIE-1 experiment near the window centre are presented in Figs. 10.6 and
10.7. They show the predominant influence of the bypass jet flow for the cooling of the window. The
maximum main flow alone achieves about 50% of the cooling effect that can be achieved by the bypass
flow at representative flowrates. Even a small bypass flow has approximately the same cooling efficiency
as a large main flow alone. The maximum HTC values for the centre are about 20 000 W/m2K, which
correspond to expected values from calculations, and results from the earlier mercury experiments.
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Figure 10.7 Cooling at window centre (TC2) - Influence of bypass flow at heat flux of 5 W/cm2

The IRT-KILOPIE-1 measurements for the central area of the window result in 5 times smaller HTCs.
Figure 10.8 shows HTC values between 2500 and 4000 W/m2K, which is similar to values obtained from
the KILOPIE HETSS experiment. One possible explanation for the discrepancy is related to the fact that
with the HETSS- and IRTKILOPIE tests the outer surface temperature of the window dish was
measured. The inner surface temperature was then calculated using a 1-D conduction model, assuming
homogenously distributed layers of 50 microns of ceramic insulation and 5 microns of epoxy glue. Later,
thickness measurements of the new specimens, manufactured in the same way (manual fabrication),
showed for the epoxy glue layer a thickness in the range between 72 and 206 microns (average 139
microns), and 150 microns on average for the ceramic insulation layer. Using the same 1-D heat transfer
conduction model with these dimensions, yields 0.00015426 Km2/W for the thermal resistance. This is
70% of that postulated by Sigg et al. (2004) for the contact resistance of the IRT-KILOPIE-1 experiment.
The corresponding HTC would thus amount to 8000 W/Km2, which is the same as that obtained in the
HETSS case. Similar values were also obtained using Laser Flash Analysis (LFA) measurements.
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Figure 10.8 Cooling at window centre (IRT AR04) - Influence of bypass at heat flux of 5 W/cm2
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During the IRT experiment, irregular or non-smooth distributions of the temperature field (small hot
spots) have been observed. This can be attributed to strong inhomogeneities in the thermal resistance
across the dish resulting from the manual fabrication. In Fig. 10.9, such a distribution is shown. The non-
uniform thickness of the layer of epoxy glue, with low conductivity 1.28 W/mK, has led to hot spots on the
outer surface of the heating foil. The resulting overstressing leads finally to loss of thermal contact
between the layer of the steel heating foil and the underlying ceramic insulation layer.
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Figure 10.9 Temperature difference field of the window in steady-state for a main flow of 1.0 l/s
and a bypass flow of 0.2 l/s; the heat flux is 5 W/cm2.

This detachment can be seen even for low (5 W/cm2) heat flux: the large black spot in Fig. 10.9. Such
regions are larger and more numerous for higher heat fluxes, and at 15 W/cm2 thermal contact was lost
on 75% of the surface, and the heating foil overheated to about 500°C. Radiation losses to the vacuum
chamber then grow rapidly, and the estimated heat flux to the LBE coolant is no longer trustworthy.

In summary, TC-KILOPIE-1 experimental results show an HTC distribution characteristic of an entry
region, with the value primarily controlled by the bypass jet flowrate over a wide range of the main
flowrates. Values agree reasonably well with CFD results. Uncertainties in the thicknesses of the
ceramic and epoxy layers associated with the HETSS devices, and estimates of total thermal resistance
partially explain the lower HTCs of the HETSS- and IRT- KILOPIE-1 tests. A contact problem between
the heating foil and the window appears to be the most likely cause of a larger than expected thermal
resistance.

Results indicate that, for certain combinations of by-pass and main flowrates, fluctuations in HTC occur,
indicating not yet understood flow instabilities, or changes in LBE flow pattern. The relatively high
velocity of the fluid entering through the gap between guide tube and window may be the cause of this
instability. To protect the window from excessive temperature fluctuations, such flow conditions have to
be avoided during normal beam operation of the target.

10.4 HEATED JET EXPERIMENT

Test Set-Up

The heated jet experiment conducted in the KALLA laboratory is a 1:1 representation of the lower part
of the MEGAPIE target. No window heating is employed. Instead, mixed flow conditions are generated
by injecting a stream of hot LBE through the bypass nozzle into a cold main flow stream at
representative flowrate ratios. The experiment objective was to generate measurable temperature
differences in the fluid domain, in a roughly realistic geometry, to have adequate data for validating
CFD models. The experiment was therefore accompanied by a 3D turbulent CFD simulation.

For the flowrate ratio presented here, a complex flow pattern is created, consisting of several streaks
and vortices. This is unfavourable for MEGAPIE, since the material temperatures close to the
centreline may exceed the acceptable limits. A comparison of the numerical and experimental data
revealed that the geometry is highly sensitive to both asymmetries in the flow and events far upstream.
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Figure 10.10 (a) THEADES loop of KALLA facility at FZK;
(b) dimensions [mm] of the heated jet test module.

A detailed knowledge of the flow patterns evolving in the target geometry, and the turbulent
convective-diffusive heat transport phenomena occurring may lead to a decoupling of the spatial
extension of the thermal and viscous boundary layers, which is often not treated adequately in
commercial CFD codes. The problem is exacerbated in applications where the flows are thermally
developing, so that the heat exchange through the thermal boundary layer plays a significant role.

For the MEGAPIE target, three different turbulent heat transfer phenomena occur: a) turbulent heat
transfer from a highly heat-loaded window; b) cooling in the region of the flow stagnation point on the
window, requiring good understanding of mixing phenomena in low Prandtl number fluids; and c) the
internal heat generation (volumetric heating) by the spallation reactions. For a turbulent flow with
hydraulic Reynolds numbers Re~105, the temperature is mainly acting as a passive scalar and thus
heating or cooling becomes experimentally accessible. For MEGAPIE, the reference main/bypass
flowrate ratio is 15, so only results for this flow option are reported.

The main pump of THEADES feeds both the main and jet flows, adjusted by valves. The jet flow
passes through a heater unit to establish the temperature difference between the streams. In order to
monitor the flowrate in both branches, several flow meters have been installed. After a calibration
procedure, the flowrate accuracies were estimated at Qmain=±0.11m3/h (±0.6%) and Q]et=±O.O3m3/h
(±2.5%). The jet flow was heated using electrical resistance heaters, and the heat input measured so
that the temperature fluctuations in the jet flow inlet before entering the module deviate by about
±0.1°C. The average inlet temperature of the main flow was adjusted to Tin main=300°C (±0.1°C). A
more detailed description of the loop system and the flow meter technologies used may be taken from
Knebel et al. (2003) and Daubner et al. (2005).

The test module is entirely fabricated of stainless steel. The main flow entering the module in the
collector is guided over steel vanes into a flow straightener, which is built up of 22 tubes with an inner
diameter of 16mm and length of 80 mm. The centreline of the jet flow duct enters the annular gap of
the module at z=1683mm, according to the coordinate system introduced in Fig. 10.10a. The jet feed
pipe has smoothed rectangular edges, and is constructed of 1.5mm steel sheets with an inner orifice
of 60x12mm. At z=107mm, the nozzle with an inner orifice of 20x10mm is welded to the jet duct (Figs.
10.11b, 10.11c). The centreline orifice of is located z=53mm and has a distance of 0.65mm to the
adjacent slanted riser tube (Fig. 10.11b).
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Figure 10.11 (a) Measurement positions (italics) in the shell and instrumentation rod in the plane
of the jet nozzle (<|>=0°), dimensions are in mm; (b) location of the nozzle with respect to the riser

tube; (c) thermocouple positions in the riser tube in the plane z=105.7mm.

During the experiment, the inner edge of the nozzle exit is located 1.4mm above the corner of the riser
tube. The merging main and jet flows are directed upwards in the slanted riser tube. The flow is facing
the instrumentation rod at z= 349mm, in which a Prandtl tube measuring the mean velocity has been
placed. At z=404.5mm the instrumentation rod is spherically shaped to its final outer diameter of 25mm.
Finally, the fluid leaves the module at z=2340mm and 4>=9O° towards the THEADES loop. The positions
of the measurement locations in a r-z coordinate system are shown in the Figs. 10.11a, 10.11c. The entire
test section is thermally insulated via a 160mm thick layer of rock wool having a specific heat conductivity
of ^=0.043W/(mK). The heat losses are calculated by measuring the temperature at the outside of the
thermal insulation.

Numerical Simulation

The heated jet experiment has been simulated in 3D using CFX 5.6 (Batta et al., 2004). In order to
represent the geometry appropriately, a structured grid consisting of 1.2x106 mesh cells was
generated, which was chosen in such a manner to obtain a high resolution in terms of low y+-values
near the walls. The y+-values were calculated depending on the solution for the velocity field.
However, the achieved y+-resolution still showed considerable variation. Half of the experimental
geometry was modelled in a 1:1 scale up to a height of z=1680mm, taking advantage of the symmetry
in the plane 4>=0°. Also, the heat losses of the heated jet flow towards the adjacently flowing colder
main flow via the jet tube were considered. The energy transfer from the hotter riser flow to the colder
inflow in the gap was taken into account, but the simulation did not account for the instrumentation
rod; this was necessary to limit the computation time.
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Figure 10.12 Calculated velocity vectors for Qmain=18m3/h and Q]et=1.2m3/h in planes (a) <|>=0o

and (b) 4^90°; corresponding temperature difference contours in planes (c) $=0° and (d) <J>=90°.
The circles indicate the positions where measurements were taken.

Another significant feature of the jet inlet configuration was omitted. In the experiment, the jet flow
enters the module perpendicular to the main flow, and is guided via a sharp edged 90° bend to flow
parallel to the main inlet flow, while the simulation assumed a parallel inflow for both streams. As
kinematic inlet conditions for both main and jet flow at the height z=1680mm, fully-developed turbulent
flow was assumed. Regarding the turbulence quantities at the inlet, the default values were set,
corresponding to homogeneous grid turbulence. At the outlet of the simulated geometry, pressure-
constant boundary conditions were used. Since the heat losses to the ambient were found to be very
small in the experiment, adiabatic conditions at the outer walls were applied. Although buoyancy plays
no significant role (Re>105), buoyancy was included in the simulation, since, due to the temperature
differences between jet and main flow, it generates a lift in the riser tube. For the integration of
buoyancy effects, a variable density model was chosen. The shear stress turbulence model (SST) was
used for the simulation. This model combines the respective advantages of the k-E and k-co-models. A
second-order differencing scheme was used for the advection terms in the equations.

Figure 10.12 shows the computed velocity and temperature distribution for a main flowrate of
Qmain=18m3/h and jet flowrate of Qjet=1.2m3/h, a main flow inlet temperature of T(n=300°C and
Tin)e,=360°C for the jet. Within the confines of the symmetry assumption, it was formally always
possible to continue the solution to steady-state, which is compared to the experimental results below.

In Fig. 10.13, the measured temperature rise close to the shell at a radius of r=84mm is shown as a
function of arc length s in the plane <|>=0° and <t>=90°. From right to left, the first point at s=225.76mm
shows the jet outlet temperature measured by the thermocouple T78 (r=70.6mm), which is the only
thermocouple not in line with r=84mm. In the plane of the jet ((|>=0o), the thermocouple closest to the
nozzle (T4) is not directly facing the jet stream, which is reflected by a temperature lower than the
nozzle exit temperature. Its neighbouring element (T3) is in the jet stream, and there the highest AT is
measured.

From this point, the temperature difference decreases monotonically to s=117.3mm, which is beyond
the centreline (located at s=136.66mm). There again, the temperature difference gradually increases
down to s=73.3mm, where there is a second temperature peak in the jet plane. This peak temperature
at T9 is still higher than the adiabatic mixing temperature rise ATad=3.79K. The reason for this
temperature elevation is the fact that a part of the jet is reflected at the shell, detaches from it, and re-
attaches close to thermocouple T9. This is in agreement with the velocity field calculations presented
in Fig. 10.12. For values of s<51.3mm, the measured AT corresponds to the inlet temperature of the
main flow Tin, and hence the temperature elevation is almost zero there (i.e. T10 = T11 = T12). Thus,
for this flowrate combination, the jet does not penetrate into the annular gap on the opposite side.
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/ adiabatic mixing temperature

Figure 10.13 Measured temperature rise against arc length s in planes «t>=0o (•) and $=90° (n).

The temperature distribution in the plane perpendicular to the jet at <J>=90° is qualitatively different. For
values of s up to 51.3mm, the temperature readings in both planes coincide, indicating that heat transfer
plays a negligible role. However, from there the temperature rapidly increases, and reaches a maximum at
s=117.3mm (T16) at r=14.6mm, z=4.3mm with a temperature elevation of AT=14.68K, which is more
than 10 times larger than that of the thermocouple in the plane of the jet with the same coordinates (T7).
The peak level is nearly the same as that of the thermocouple directly facing the jet. A possible
explanation for the relatively large temperature at T16 would be a swirl moving towards the shell,
originating from non-symmetric flow behaviour of main and jet flow close to the nozzle exit. However, no
asymmetry of the geometry has been detected, either before or after the experimental runs. A more realistic
explanation for the evolution of a hot area close to the centreline transverse to the nozzle is the
assumption that the jet is reflected on the hemispherical shell and the main streak is transported in
negative /--direction. Below this streak, a secondary flow in the form of a vortex of low velocity is
generated. In this low velocity recirculation region, thermal energy is transported transverse to the nozzle
via molecular conduction.

Comparison with Simulation

Within the scope of the simulation, several parameters were tested, such as mesh size, advection
schemes, the effects of using different turbulence models, effect of the thermal boundary conditions, as
well as buoyancy effects; for more details, see for example Batta et al. (2004).

Figures 10.14b, 10.14c show measured and calculated temperatures on the lower shell as a function of
the geometry adapted coordinate s in the planes §=0° (Fig. 10.13b) and ((»=90° (Fig. 10.14c). Additionally,
the measured (•) and the computed (O) nozzle exit temperatures, located at s=225.76mm (A=70.6mm), are
shown in Fig. 10.14b. In the plane of the nozzle (c|>=0°), the calculation exhibits a similar behaviour to the
experiment, though significant differences exist in the absolute values of the temperature rise. First, the
calculated nozzle exit temperature level is larger than the experimental one. Improper modelling of the
inlet of the jet duct flow into the flow domain could be responsible for this. In the experiment, the main flow
impacts the jet duct as an impinging jet. It is known that impinging jets have Nusselt numbers of the order
0(103). This would mean that the impinging jet flow would remove 2582W, which corresponds to a
temperature decrease of the bulk jet temperature of AT=5.2K. Because the thermal energy of the jet flow
is transferred to the main flow in the annulus, its temperature increases. One can calculate a bulk
temperature increase in the annular gap of AT=0.35K.
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Figure 10.14 Measured (•,.!) and calculated (—) AT profiles against radius (r) or arc length (s):
(a) at z=105.7mm in two vertical planes <|>=0o (•) and <J>=90° (D); (b) close to the window for «|>=0o;

(c) close to the window for 4>=90o; (d) at z=105.7mm in the vertical plane <j>=0o.

Another effect leading to higher nozzle exit temperatures is related to the inadequate turbulence
models used in the simulation. All currently available turbulence models employ the Reynolds analogy,
in which momentum and energy transport are coupled via a constant turbulent Prandtl number. The
deficits of such model assumptions in liquid metals were recently elaborated in the ASCHLIM program
(described below). Considering a thermally developing LBE flow similar to the heated rod experiment
performed by Lefhalm et al. (2004), the deviations between numerical and experimental values are of
the order of 5-7%. Transferring these results to this experiment, the heat transfer from the jet duct to
the annular main flow would lead to a calculated over-prediction of AT=4.65K. Combining the two
effects, one ends up with a nozzle exit temperature of AT=35.2K, which differs from the experimental
value by only 1.32K. Although this synthesis is rather crude, and does not account for the influence of
the changing momentum field, it does indicate the main sources for the discrepancies between the
calculated and the measured nozzle exit temperatures.

Downstream from the nozzle exit, the temperature distribution, both in simulation and experiment,
behave qualitatively similarly, characterized by a rapid drop directly after the nozzle exit (T4), and an
elevation to a peak value. Beyond this peak, the temperature rapidly decreases, caused by the jet
approaching the wall of the hemispherical shell. When the centreline of the duct is reached at
s=131mm, significant differences between simulation and experiment arise. While the numerical
simulation suggests a monotonic decrease of the temperature on the whole lower shell down to
s=40mm (close to T10), the experiment exhibits a double peak, suggesting a different velocity field in
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the plane (j>=0°. In the experiment, the effect of the jet flow on the temperature distribution ends
already at s=73.3mm (T9), and does not cover the entire shell. In contrast to the simulation, the jet
does not enter the annular gap of the main flow opposite the nozzle. In the plane <j>=90°, large
discrepancies exist between numerical and experimental data. While the numerical simulation predicts
only a small region, confined to a distance of ±25mm around the centreline of the riser, which is
affected by the heated jet, the experiment exhibits a broader spreading of the temperature field. A
direct comparison with the first thermocouple next to the centreline (T16 at s=117.3mm) shows a
discrepancy of 12.1K between the measured and computed values.

In the experiment, a significant temperature rise is even found at the shell close to the riser wall at
thermocouple T18 (s=73.3mm, r=54mm, z=22.7mm). Here, a value of AT=7.6K is recorded, which is
one quarter of the maximum peak temperature difference over the whole lower shell. In particular, the
considerable discrepancy at T18 illustrates that significant differences between the numerically
calculated and the experimentally identified momentum field exist. If the origin of the differences is due
to marginal geometric imperfections of the experimental set-up, or caused by an unjustified symmetry
assumption in the simulation, this can not be explained at present. In summary, the measured data
close to the shell rather suggest a separation of the jet into several streams, rather than the slowly
decaying and sharply confined jet predicted numerically. The experimentally diagnosed smaller
momentum of the separated streams leads to a stronger interaction of the small streams with the main
flow coming from the gap and turning into the riser tube.

Figure 10.13d is a comparison of calculated and measured temperature data as a function of radius r
at a height of z=105.7mm in the plane <j>=90°, where the experiment should exhibit symmetry. Here,
the predicted and observed profiles differ qualitatively. While the experiment shows for r<0 a smooth
increase of temperature from the wall towards the centreline of the riser, reaching almost the adiabatic
mixing temperature, the simulation reveals significantly lower temperatures, except in the vicinity of the
centreline. For the centreline region (-16mm<r<16mm), a temperature rise of 8K is predicted by the
calculation, corresponding to a radial heat flux q"=5500 Wm"2 (q"=A. AT/Ar). Additionally, in the range of
the transition from the bulk of the riser tube towards the high temperature domain in the centre, the
temperature has minima at r=±19.5mm. Thus, the computed results suggest that the heat transfer in
this plane is governed by molecular conduction rather than by convective processes. Nevertheless,
the experimental data are far from being symmetric. The calculated temperature gradients are
considerably larger than the experimental ones in all parts of the riser tube. The formation of large
gradients, however, suggests a weak interaction of the main flow with the jet flow. In contrast to the
simulation, the experimental data exhibit only small gradients, except for the wall adjacent to the jet
duct, which indicates that the turbulent mixing processes are already over at this height.

The asymmetry detected in the experiment remains unexplained. Considerable care (after some false
starts) was taken to ensure completely symmetric entry conditions in the upper annulus, but
nonetheless asymmetries were observed in the riser. The CFD simulations assumed perfect
symmetry. The actual geometric configuration could not be measured under hot conditions. The
discrepancies between measurement and calculation, if indeed resulting from unexpected asymmetric
flow behaviour, remains to be explained.

Spatio-Temporal Behaviour

For the flowrate ratio reported here, four experiments (on different days) were performed. Each run lasted
600s, this being significantly longer than any of the time scales of the flow. The run time allowed all types
of instabilities to be captured: those from the THEADES loop, or those generated by the channel
geometry. The recording frequency of the thermocouples was chosen as f=128Hz, being at least two
times higher than their temporal resolution of 40Hz. While the inlet conditions of the main flow were free of
any surges (having an rms value of 0.06K), the jet inlet temperature showed an oscillation frequency of
120s at a peak to peak amplitude of 0.48K. This effect is caused by the inertia of the power control of the
jet heater. The rms of the temperature fluctuation is 0.21 K at the jet flow inlet, which corresponds to a
total fluctuation intensity of 0.58%. A cross correlation of both inlet temperature signals showed no
distinct time-shift peak, and the cross-correlation coefficient CCC[Ti,Tj] between both inlet temperatures
is less than 10"2. This check is necessary to ensure that no loop-specific time scales enter the analysis of
the time-dependent behaviour of the flow in the considered geometry.

Although, both inlet conditions in the gap and the jet are close to that of perfect stationary flow, the
flow pattern evolving in the lower shell and the riser tube is highly time dependent. In order to illustrate
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the temporal character of the flow along the hemisphere, a time history of the isotherms in the nozzle
plane (<t>=0°) along the geometry adapted coordinate s is shown in Fig. 10.14a, which illustrates that
the jet exiting the nozzle impinges the shell close to thermocouple T3, while thermocouple T4 only
experiences a minor temperature rise.

-1.0 -0.6

Figure 10.14 (a) Measured isotherms along lower shell in the nozzle plane (<j>=0°) as a function of
time t [s]. (b) Calculated CCC[T9, 778] between 79 and TinJe, (T78) as a function of the time delay

t. (c) Measured isotherms along the lower shell in the plane normal to the nozzle (<|>=90°) as a
function of the time f [s]. (d) Calculated CCC[T2, T16\ between T2 (in the nozzle plane 4>=0°) and

T16 (plane perpendicular to the nozzle <|F90°) as a function of the time delay T.

The time series at thermocouples T3, T2 and T1 exhibit an intermittent pattern of temperature
elevations. After the jet impinges the wall, it detaches from it, which is marked by the darker regions at
elements T7 and T8. Then, a part of the jet again reaches the lower shell at T9, expressed by the
brighter colour. This reattachment of the jet onto the shell is rather irregular. Finally, at elements T10,
T11 and T12, no temperature elevation is observed at any time, indicating that the jet does not enter
this region. A hint for the fact that the jet impinges the lower shell, detaches from it, and then re-
attaches, is obtained from the calculation of the normalized cross-correlation coefficient CCC[T9,T78]
between the temperatures at T9 on the shell and the nozzle exit temperature T78. The CCC[T9,T78]
for the two TCs shows two maxima, as depicted in the Fig. 10.14b. These maxima define two delay
times. The first at t=0.282s may be attributed to the main velocity in the annular gap, while the second
smaller peak at T=0.101S corresponds to the nozzle exit velocity.

Quite strong fluctuations also appear adjacent to the shell, in the plane perpendicular to the nozzle.
However, they are more irregular, and are stronger than those in the plane of the nozzle.
Figure 10.14c is a spatio-temporal view of the measured isotherms. The time scale on the abscissa is
10 times larger than in Fig. 10.14a, and indicates that a random sequence of hot and cold fluid parcels
is impinging onto the shell. The measured temperatures close to the centreline are lower than those
further away. In particular, the variations observed at T18, close to the riser tube, are significantly
larger than those measured close to the centreline, T16. This indicates an impact of the jet over the
entire shell. Finally, a calculation of the cross-correlation coefficients CCC[T2,T16] demonstrates that
the jet splits off in several streams as it impacts the lower shell between positions T3 and T1. Figure
10.14d shows CCC[T2,T16] as a function of the time delay T. The graph shows two extrema, which
correspond closely to the transport velocity of the jet and that of the main flow in the gap, indicating
that the transport of heat and momentum follows a path between these positions. The time delay
found for both peaks is smaller than that for molecular conduction. The signs of the peaks are
different, because the transport velocity of the main flow is in the opposite direction to that of the jet
flow.

In summary, although much effort has been spent on the simulation, the experimental data suggests that
the flow geometry is highly sensitive to the asymmetries and events far upstream. As a consequence,

72/103



the simulation predicts higher temperatures close to the shell than recorded in the experiment.
Additionally, the turbulent mixing in the riser tube is underestimated. Despite the symmetric experimental
set-up, the temperature data revealed asymmetric behaviour, especially in the riser tube. This
asymmetry is independent of the history, and is an indication of the sensitivity of the target geometry to
marginal deviations. There is also evidence from the experiment of time-dependency, which appears
most pronounced in the region above the window. For the case investigated here, attempts to represent
the unsteady behaviour by a steady-state numerical simulation have been unsuccessful. The
temperature oscillations found in the experiments are high, and over the window and in the lower part of
the riser tube are as large as the mean. However, most of the pulsation energy is located in frequencies
higher than 1Hz, so do not lead to large temperature fluctuations within the structural materials. A
detailed temporal analysis of thermocouple readings has suggested a rather complex flow pattern in the
lower region next to the window. The main part of the jet flow impinges on the window surface before the
centre, detaches from it, and a part re-attaches on the opposite side. The detached jet interacts with the
main flow forming a secondary flow next to the window. In this region, temperatures fluctuate
considerably, and rms values of up to 50% of the adiabatic mixing temperature are obtained, which
decrease as the flow ascends the riser tube.

10.5 OTHER TESTS

MEGAPIE BENCHMARK

Several groups have been involved in the CFD simulations of the lower target region. Since it is not
possible to fully verify the cooling principle by means of mock-up experiments, due to the difficulty in
reproducing a volumetric heating effect equivalent to a proton beam (1 GW/m3), the calculations are
important, and must be validated against data from special-effects tests, and by means of
Benchmarking exercises. A numerical Benchmark, which concentrates on the most critical structure -
the window - was defined, and four National Labs participated in the exercise. Unfortunately, only two
commercial CFD packages feature in the study, but at least the groups have worked independently, so
meaningful comparisons are possible. Full details are available in Smith et al. (2003).
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Figure 10.15 Sketch of the Lower End of the
Target (Early Design, with Bypass)

Fig. 10.16 Target Geometry for the
Benchmark (Current Design, but no Bypass)

The Benchmark exercise is based on a simplified lower target design in which there is cross-flow over
the window, generated by a guide tube construction with a slanting bottom edge, but no bypass flow;
see Fig. 10.16. This configuration was chosen primarily for its simplicity, and for the fact that some of
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the organisations involved in target CFD simulations had already analysed similar cases. Nonetheless,
the major lower target design features have been faithfully reproduced, and could represent quite
closely the conditions which would prevail following failure of the bypass pump.

The recommended model consisted of the target window and hull up to a height of 2150 mm, the
slanted guide tube, with (vertical) gaps of 10 mm and 30 mm at the extremes, and the lower part of the
central instrumentation rod. The slanted guide tube provides a sufficiently strong cross-flow over the
window to move the stagnation point of the converging streams to a position outside of the beam-
heating region. As well as the geometry, all other physical conditions (material properties, power
deposition, inlet flowrate) have been defined to ensure standardisation. However, participants were
free to choose their own mesh, differencing schemes and other numerical parameters, and turbulence
models. Participants were encouraged to model all the structures (the window, hull, guide tube and
instrumentation rod) explicitly, though this was not always possible. Data for LBE are taken from the
report by Cevolani (1998). Participants were left the option of using temperature-dependent data for
the LBE or appropriate constant values. For example, variable properties were used by CRS4, the
formulae used appearing in Table 10.1. Over the expected range of LBE temperatures, from 230°C to
about 440°C, the density varies by 3%, the thermal conductivity by 40%, and the molecular viscosity
by 28%. The density variation can be considered negligible, but the variation of the thermal
conductivity is significant, and should have been taken into account by all participants. Unfortunately
too, the uncertainties in the measured data are also of the order of 20% (Cevolani, 1998), and a
sensitivity study should have been also carried out to see effect of data and modelling uncertainties on
the predictions of maximum temperatures. However, this was not done.

Table 10.1 Material Properties for LBE and the Structural Steels

Property [Units]
Density [kg/m3]

Thermal conductivity

[W/mK]

Specific heat
[J / kg K]

Molecular viscosity

[Pas]

Prandtl number at 230°C

Lead Bismuth Eutectic (T in K)
11112-1.375 T

3.029x10"5T^-

1.8318x10"2T +11.48

146.5

4.71x10"9T2-

8.92x10'6T +5.37x10"3

2.79x10'2

T91 steel
7800

28.8

562.69

-

-

AISI 316 steel
8000

18.3

500

-

-

The variation in the molecular viscosity is probably not serious since the flow is predominantly
turbulent (inlet Reynolds number is 81 600). Two types of steel are used, the choices following the
target design. The (constant) material properties for the steels are also shown in the Table. Those for
the instrumentation rod are somewhat arbitrary, since it is a composite. However, the uncertainties are
not important, since no heat is deposited in the structure and only the maximum external temperature
is required. The inlet mass flowrate is given as 40 kg/s, assumed uniform over the cross-section, and
the inlet temperature is 230°C, also assumed uniform. These values are prototypic for the actual
target.

The participants to the Benchmark were requested to supply the following 18 items of information for
comparison. These were selected as important parameters for current target CFD simulations, or were
sensitive in regard to the generic flow dynamics or heat transfer phenomena. The list was compiled by
consensus during a working group meeting involving all participants and thermal-hydraulics
specialists. Items 1-12 on the list are physical variables for comparison, while Items 13-18 refer to
model and/or numerical data. As stated earlier, two variants of the Benchmark were requested,
depending on the beam orientation: i.e. with either the major or minor axis of the beam footprint
aligned with the maximum guide tube slant.

1. Total pressure loss (area average of inlet, if necessary)
2. Peak external window temperature and its position (coordinate axes defined as: Z = height; X

is in the direction of the angle of slant and positive in the direction of negative slant angle
relative to the horizontal, with the axes forming a right-handed set)

3. Peak internal window temperature and its position
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4. Peak guide tube temperature and its position
5. Peak instrumentation/heater rod temperature and its position
6. Peak fluid outlet temperature and its position
7. Peak LBE temperature and its position
8. Area-averaged temperature on the inside and outside of the guide tube => Total heat

transferred across the guide-tube wall
9. Total heat deposited: a) in target hull (window, to Z = 0.089 m)

b) in target hull (above the window)
c) in guide tube
d) in LBE
e) Total (sum of above)

10. Maximum LBE speed and its position
11. Position of stagnation point on the window (by inspection only), in the plane Y = 0
12. Height of recirculation regions (by inspection) in the X = 0 and Y = 0 planes
13. Number of computational cells (fluid and structures)
14. Convergence criterion used
15. Turbulence model used
16. Wall boundary treatment used for velocity and heat transfer
17. Turbulent Prandtl Number used
18. Maximum and minimum y+ over the window (also Ay over the window)

Four organizations participated in the Benchmark, using the two commercial CFD packages CFX-4
and STAR-CD. All participants submitted at least two calculations, one for each of the beam
orientations, as requested, but some performed additional parameter variations. All results received
were assessed.

TEMPERATURE
RELATIVE
CELSIUS
ITER - 2500
LOCAL MX= 425A
LOCAL MN- 245.5

425.4
412 5
399.7
336.9
374.0
361.2
346.3
335.5
3226
309.8
2969
284.1
271.2
258.4
245.5

Figure 10.17 Temperature Contours in Plane of Symmetry (CEA)

The CEA calculations were performed using the code STAR-CD and employed hexahedral
(structured) meshes. To limit the total number of cells, a half-model was used with a symmetry plane
aligned with the line of maximum slant of the guide tube; the total number of meshes was then
164 700. This is comparable in general mesh density to that used by PSI for a 360° model, provided
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allowance is made for the mesh concentration near walls needed for the CEA simulation as a
consequence of adopting the two-layer turbulence model (STAR-CD, 2001).

Again, to save meshes, the annulus was only modelled up to a height of 486 mm rather than the 2150
requested. To compensate for the heating up of the LBE as it descends the annulus (due to heat
transfer from the riser through the guide tube wall), an inlet temperature of 242°C was adopted rather
than the 230°C appropriate for the full height. In this preliminary study, it was not thought necessary to
model the heater/instrumentation rod, and the guide tube was modelled as a zero-thickness shell.
However, the window was modelled according to the Benchmark specifications.

Figure 10.17 shows the temperature distribution over the plane of symmetry. The asymmetric
penetration of the annulus flow across the window (from the right in the Figure) is clearly discernible,
and the temperature gradient near the guide tube on the opposite side is stronger than on the near
side. Note that the region of maximum heating just above the spallation region is displaced away from
the axis of the target as a result of the asymmetric flow.

The CRS4 computations were also performed using STAR-CD. A mixed structured-unstructured grid
was assembled, using hexagonal, tetrahedral and prismatic elements, as shown in Fig. 10.18. In
particular, tetrahedral elements were employed for the spallation region, and also near to the curved
base of the instrumentation rod, while most of the riser and annulus regions were composed of
hexahedral elements. A layer of hexagonal cells is always used in near-wall regions, as the second
plot in Fig. 10.18 indicates, with the mesh density adjusted according to the turbulence wall treatment
adopted. Over the bulk of the flow, the Chen k-e turbulence model with standard wall functions was
used, but on critical surfaces (over the window, and on the guide tube in the spallation region) a two-
layer model was employed. In total, the model incorporates 550 000 fluid cells, 36 000 cells are used
for the window and hull, and 20 000 for the guide tube, giving 600 000 cells altogether for the half
model.

trr~

Details of Mesh Layout near Structures

Figure 10.18 Computational Mesh with Hexahedral, Tetrahedral and Prism Elements (CRS4)
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Variable properties were chosen for the LBE material parameters, following the guidelines given in the
Cevolani (1998) report. There were two options in regard to the specification of the turbulent Prandtl
number: in the first, the default value Pr, = 0.9 was employed, but in the second the value is computed
from the molecular Prandtl number Pr and the turbulent Reynolds number

according to the prescription suggested by Jisha and Rieke (STAR-CD, 2001):
Co

Pr, =Ci + —
PrRe,

in which d = 0.9 and c2 = 0.0899. Over the bulk-flow region, the ratio of viscosities is large, and
Pr, = 0.9. Near the sub-layer region near to the wall, however, the turbulent viscosity decreases
sharply and Pr, - • oo. A comparison of the two cases then gives an estimate of the importance of the
known non-uniformity of Prtfor liquid metals, though only in the near-wall regions.
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Figure 10.19 Typical Velocities and Temperatures on the Plane of Symmetry (KAERI)

KAERI chose to use the RNG k-£ turbulence, which was not used by any of the other participants, and
provided additional information on the issue of mesh sensitivity in near-wall regions. Two submissions
were presented: in the first, the fluid mesh next to the window was set at 1.0 mm, and in the second at
0.5 mm; elsewhere the mesh layout was identical. Both computations have been performed using the
CFX-4.4 code. Again, as a consequence of the inherent symmetry, a half model has been employed.
The savings associated with this choice mean that 'fine-mesh' calculations could be carried out, with
529 584 hexagonal fluid cells and 539 094 cells for fine-mesh variant; 81 816 cells are used to
represent the structures. The total number of meshes is similar to that adopted by CRS4 for their half
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model, but it should be emphasised that generally hexagonal representations are more accurate and
less diffusive than tetrahedral meshes, so the KAERI contribution can be considered to be a model on
an even finer scale than that of CRS4.

Figure 10.19 shows velocity and temperature contours on the plane of symmetry for the case in which
this plane lies along the major axis of the beam footprint. In the velocity plot one sees the low
velocities associated with the recirculation region in the riser section on the large-gap side of the axis.
As expected, peak temperatures occur in the centre of the window, where the beam heating is
greatest, and just above the spallation region, offset from the axis as a consequence of the
asymmetric flow induced by the slanted guide tube. Similar plots were obtained by the other
participants.

The computations by PSI have been undertaken using the CFX-4.3 code and feature full 360°
modelling, and therefore provide an important cross-check on the symmetry assumption made by the
other participants. All structures are explicitly represented. In total, 246 960 hexahedral elements are
employed for the LBE and structures. The standard high Reynolds Number k-e turbulence model was
adopted for all calculations, and two choices were made for the turbulent Prandtl number: 0.9 and 2.0
(Cases PSIa and PSIb, respectively). A comparison between the cases provided a measure of the
sensitivity of the heat transfer processes to this parameter. Constant material properties are used for
the LBE, the values taken from Cevolani's report for a temperature of 250°C, which is typical for the
flow at the bottom of the annulus. Comparison of Results

The results obtained from the computations are displayed in Tables 10.2 and 10.3, the numeration
following the Benchmark Specifications itemized above, which should be consulted in combination to
reading the entries. Comments are given below.

The pressure drops given in Table 10.2 do not include the (negative) contribution due the buoyancy
driving force. This is estimated as approximately 3300 Pa from the formula

Apb= g p ß AT H

in which ß is the coefficient of expansion, AT is the temperature difference between the riser and the
annulus, and H is the height of the model. The value found by CEA is smaller than the others because
the annulus was modelled only to a height of 486mm rather than the 2150mm requested. The
hydraulic diameter of the annulus is 51mm, so that the part not simulated by CEA represents about 32
hydraulic lengths. At the prevailing Reynolds number (Re = 81 600), the additional pressure loss has
been estimated from an equivalent pipe-flow simulation to be 1180 kPa. Though not strictly additive
(because of the assumed uniform velocity profile in the CEA simulation), the extra pressure loss brings
the total pressure drop to 5252 kPa, in line with the value calculated by CRS4.

It is straightforward to estimate the temperature drop across the window at the beam centre as 35.5°C
(Smith et al., 2003). The entries in Rows 2 and 3 of Table 10.2 show the temperature drop calculated
by CRS4 (33°C) to be close to this estimate, while the others are lower, PSI particularly so (20°C and
18°C). A possible explanation is that cell-centred rather than cell-edge values have been recorded, so
that the temperature drop is not over the whole thickness of the window structure. Looking at the
values themselves, and given the differences in the models, the temperatures agree well, provided the
near-wall mesh resolution is fine enough (the KAERIa mesh is too coarse): peak temperatures on the
outer wall are within 25°C of each other. The sensitivity to the value taken for the turbulent Prandtl
number (PSIa/PSIb) is small (2%).

On the guide tube, predicted peak temperatures differ by more than 60°C. The influence of the
turbulent Prandtl number (PSIa/PSIb) is surprising, since the lower temperature is obtained using o>=2,
for which one would expect less turbulent heat diffusion and higher temperatures away from the
heating zone. Surprising too is the sensitivity to the degree of mesh resolution over the window
(KAERIa/KAERIb). CRS4, KAERIb and PSI predict similar peak temperatures for the heater rod (Item
5), while those of KAERIa are about 20°C higher; the heater rod was not modelled by CEA.

The total power input to the model is about 700 kW. From a simple heat balance, there should be a
mean LBE temperature increase from inlet to outlet of 119°C (CP=146.5 J/kg/K, mass flowrate
40 kg/s), which for the specified inlet temperature of 230°C corresponds to a mean outlet temperature
of 349°C. The peak outlet temperatures in the 6th row of Table 10.2 agree very well with each other,
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but at a value up to 27°C above the mean, indicating that the hot and cold streams are still not well
mixed almost 2 m above the spallation region.

Item

1.
2.

3.

4.

5.

6.

7.

8.
9.
a)
b)
c)
d)
e)
10.

11.
12.

Units

Pa
°C
(mm)
°C
(mm)
°C
(mm)
°C
(mm)
°C
(mm)
°C
(mm)
kW
kW

m/s
(mm)
mm
mm

Table

CEA

4120
442
(-6,2,-1)
415
(-6,2,0)
341
(-57,24,73)
N/A

373
(18,0,486)
440
(12,2,251)
N/A

5.9
0.0
0.0
708
713.7
1.11*
(32,2,57)
(57,0,21)
85 (X=0)
224 (Y=0)

10.2 A Comparison of Physical Results

CRS4 (a/b)

5100/5080
447(6,2,-1)/
449(6,2,-1)
414(8,1,0)/
416(8,1,0)
370 (-41,46,283)/
369(41,46,283)
385(10,0,586)/
384(10,0,586)
376(25,1,2150)/
375(25,1,2150)
425(1,31,265)/
423 (1,28,265)
200/195

6.0/6.0
0.6/0.6
6.4/6.5
701.5/701.5
714.6/714.6
1.35(34,35,16)/
1.35(34,35,16)
(37,32,15/37,32,15)
55/55 (X=0)
150/150 (Y=0)

KAERI (a/b)

4721/5094
511 (9,17,1)/
456 (7,14,0)
484(12,19,3)/
427(10,16,2)
400 (-37,49,52)/
356 (65,43,52)
410(10,0,355)/
388(10,0,388)
368(26,0,2150)/
369(21,14,2150)
507 (-17,28,153)/
439 (-1,28,261)
234/225

5.8/5.8
1.2/1.2
6.0/6.0
674.8/674.8
687.8/687.8
1.08 (33,0,54)/
1.07(31,0,53)
(37,16,16/42,25,16)
104/39 (X=0)
213/122 (Y=0)

PSI (a/b)

4511/4476
462(9,21,1)/
472(9,21,1)
442 (9,20,3)/
454(13,20,3)
352 (48,38,262)/
337 (48,38,262)
396(9,1,367)/
389 (23,8,368)
370(13,23,2150/
373(25,6,2150)
444(10,13,262)/
471 (4,27,262)
234/190

5.5/5.5
1.3/1.3
6.3/6.3
692.7/692.7
705.8/705.8
1.16(49,39,39/
1.15(49,39,39)
(-27,0,4/-28,0,5)
113/115(X=0)
N/A (Y=0)

*1.32 m/s with MARS differencing scheme

Most contributors predict peak LBE temperatures just above the spallation region, which is to be
expected since there is continuous heating by the beam of the upward flow stream. Generally, peak
values are similar. The KAERIa result is the exception, however, with the peak occurring at a lower
elevation within the spallation region itself, and is of higher magnitude. Closer inspection reveals that
the peak occurs at the edge of the large recirculation region on the inside of the guide tube. Evidently,
the strong shear has enhanced thermal mixing in this case, leading to more uniform temperatures
above this level. This result emphasises the delicate balance which exists between the velocity and
thermal fields. According to the CRS4 and PSI simulations, the maximum LBE temperature is closely
coupled with the peak in the guide tube temperature, the two maxima being at more-or-less the same
elevation. However, the CEA and KAERI results seem to indicate that the maximum guide tube
temperature is controlled by hot LBE caught in the large recirculation region.

The distinction between the PSIa and PSIb simulations is in regard to the assumed turbulent Prandtl
number, at, which is 0.9 for PSIa and 2.0 for PSIb. The change had only a 2% effect on the peak
window temperatures, as already mentioned, but the effect on the heat transfer from the riser to the
annulus is much greater (more than 20%), presumably as a consequence of reduced turbulent
diffusion of heat in the LBE. The sensitivity is disturbing, since a, is not well-defined for liquid metals.
In comparative terms, the KAERI and PSIa values are close to each other, while CRS4 is some 15%
lower. The CEA model is foreshortened, so not all of the heat transfer from the riser to annulus could
be calculated. As explained earlier, to compensate for this, the inlet temperature was raised from
230°C to 242°C.

Estimates of the total heat deposited in the target agree to within ±1% of each other, indicating that all
participants were able to deal with the beam orientations satisfactorily, and that the meshes adopted
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were able to capture the details of the total heat deposition profile (Fig. 5.1) and Gaussian footprint
(Fig. 5.2).

Further information on the details of the flow field is given in the last 3 rows of Table 10.22. The
maximum LBE speed predicted by CEA, KAERI and PSI are quite similar (range 1.07 to 1.16 m/s), but
CRS4 give a value more than 20% higher (1.35 m/s). CRS4 have employed a tetrahedral mesh in this
region, while the other contributors have used hexahedral elements. Though the tetrahedral elements
are physically smaller, and perhaps consequently less diffusive, the 'coarse-mesh' simulations of CEA
and PSI and the 'fine-mesh' simulations of KAERI have produced similar values. On the other hand,
CRS4 have used the second-order MARS spatial differencing scheme (STAR-CD, 2001), while the
other contributors have used first-order upwind or hybrid schemes. The maximum is found within the
strong vortex generated close to the window, and it is therefore not surprising that the estimation of the
maximum velocity is sensitive to the order of the difference scheme and the local degree of mesh
refinement. CEA reported that, in a separate (not fully converged) calculation, a maximum LBE
velocity of 1.32 m/s was also obtained using the MARS scheme, compared with 1.11 m/s with upwind
differencing. Nonetheless, it is still surprising that the fine-mesh KAERI simulation produced the lowest
maximum velocity estimate.

Table 10.3 A Comparison of Model Data

Item

13.

14.

15.

16.

17.

18.

CEA

164 700 cells
(180°)

Mass residual <10"5

others <10"7

High Re k-e

Two-layer model

0.9

0.65 max

0.04 min

0.0025-0.010 (mm)

CRS4 (a/b)

600 000
(180°)

Mass residuals <10"6

Chen k-e

Two-layer model

0.9/variable

7.1/7.1 max

0.3/0.3 min

N/A

KAERI (a/b)

611/621 000
(180°)

All residuals
reduced by 103

RNG k-e

Wall functions*

0.9

150/93 max

23/16 min

1.0/0.5 (mm)

PSI (a/b)

247 000
(360°)

Mass residual
<10"5kg/s

High Re k-£

Wall functions*

0.9/2.0

35/35 max

7/7 min

0.5/0.5 (mm)

Logarithmic profiles for velocity, parabolic profiles for temperature

Table 10.3 summarises the differences in the numerical models adopted by the participants. The fact
that all have opted for High Reynolds Number k-e turbulence models (though utilising different wall
treatments) is not very satisfactory, and at least one more simulation employing a different model
would have been beneficial. The use of a two-layer approach in the STAR-CD simulations (CEA and
CRS4), with very fine meshes next to the wall, or universal wall functions (KAERI and PSI), seems not
to have resulted in large differences in the predictions, provided a relatively thin mesh (0.5mm) is
employed next to the wall. However, there is a sensitivity to mesh size when wall functions are used.

Likewise, the use of a constant (= 0.9) or a variable (= 0.9 in the bulk, but increasing close to walls)
turbulent Prandtl number by CRS4 only resulted in minor changes to predicted temperatures. In
contrast, the PSIa (cr, =0.9) and PSIb (cr,=2.0) simulations exhibited some differences. In particular,

peak window temperatures increased by 12°C (4%), peak LBE temperature by 13°C (6%), and the
heat transfer from riser to annulus decreased by 40kW (17%).

All participants were able to obtain converged solutions.

Summarising, four organisations have performed CFD simulations of a representative, though not
prototypic, design of the window region of the MEGAPIE target under Benchmark conditions. The
model featured a slanted guide tube, but, for simplicity, no bypass jet. Calculations have been
performed independently, using the two commercial CFD codes STAR-CD and CFX-4. Two options
for the beam orientation were specified - with the main axis either parallel or perpendicular to the
(maximum) slant angle of the guide tube - requiring two separate simulations to be undertaken by
each participant. Additionally, three of the participants submitted alternative results for each case in
which some parameter variations were employed. Though adherence to the CFD Best Practice
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Guidelines was not enforced, the fact that the four participants used the two codes STAR-CD and
CFX-4 in both fine-mesh and coarse mesh configurations meant that effectively some measure of the
sensitivity to mesh resolution could be obtained.

The Benchmark input specifications were defined, but not always strictly adhered to, and this has
undermined somewhat the quality of the code-to-code comparison aspect of this exercise. It was
known, for example, that the material properties of LBE varied significantly over the temperature range
encountered in the simulation (> 200°C), and it was recommended to use curve-fitted data given by
Cevolani (1998). Nonetheless, some participants used constant properties. Though some of the data
are not universally accepted - in particular, the thermal conductivity has a 20% uncertainty - the
Benchmark would have been better served if the data had been used consistently. In defence of the
individual choices, however, it should be emphasised that it was not always possible for participants to
adopt the Benchmark specifications. For example, CEA were not able to fully model the annulus
section because of limitations in the total number of meshes which could be employed, and PSI could
not implement a temperature-dependent molecular viscosity because of a bug in the CFX-4 code.
Thus, although the Benchmark exercise ended up a looser concept than was originally envisaged, a
purpose was served in that the four groups, working independently on various aspects of the
MEGAPIE target design, did have a chance to compare their methods of approach for a standard test
case. This has led to a tighter coupling in the groups' approaches to their separate tasks within the
project.

From the results received, the following general conclusions may be drawn.

• Overall, the results compare favourably, and provide the degree of confidence needed in the
simulations currently being carried out (by the same groups) in support of the target design
(Smith, 2002).

• No large differences were observed in using the RNG k-e turbulence model rather than the
standard k-e model.

• Dynamic pressure losses computed by the participants agree well.
• Predicted peak outlet temperatures all agree well.
• There are some differences in predicted peak window temperatures, which is a sensitive

parameter for the actual target simulations. But those given by CRS4 (fine-mesh, STAR-CD)
agree closely with those found by PSI (coarse-mesh, CFX-4). KAERI have demonstrated the
sensitivity of the peak window temperatures to the width of the adjacent fluid cells, it should be
emphasised that, due to hardware restrictions and time pressure, it was not possible to
perform any strict grid convergence study. As in other practical CFD simulations, it was always
necessary to find a compromise between accuracy and computation time. Nonetheless, there
are indications that, provided the mesh resolution over the window is fine enough, the heat
transfer predictions converge. This point is also confirmed in connection with liquid-metal
simulations undertaken in the context of the ASCHLIM exercise (see below).

• According to the PSI simulations, the total heat loss from riser to annulus is sensitive to the
value prescribed for the turbulent Prandtl number. Unfortunately, there is no accepted
correlation for at for LBE.

• The maximum LBE velocity predicted by CRS4 is higher than the values obtained by the other
participants. Information supplied by CEA suggests that this parameter is sensitive to the order
of the numerical differencing scheme used: CRS4 have employed the second-order MARS
scheme, while others have used a first-order, upwind scheme.

ASCHLIM

There is a general consensus from workers in the field of heavy-liquid metal (HLM) research on the
need to pool resources towards a more comprehensive knowledge of basic thermal hydraulic
phenomena. This issue is especially important in the case of CFD codes, which are in most cases
unique tools for the design of components such as high power spallation targets.

Turbulence models play a fundamental role in the prediction of temperatures in the structures cooled
by HLMs. In principle, the modelling of a liquid metal flow does not differ from that of any other
Newtonian fluid, provided the correct physical properties are used in the governing equations.
However, standard turbulence models, which are used in commercial codes for coolants such as
water or gases, are unsuitable for the proper simulation of HLM flows: the models using the turbulent
Prandtl number to describe the turbulent heat transport, assume the Reynolds analogy, which is
questionable for liquid metals. In addition, the models having a distinct description of the turbulent heat
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transport contain many parameters whose values, which are determined through both dimensional
and empirical analysis, depend both on the type of fluid and on the type of flow. Standard values of
these parameters are available for common fluids, but not for HLMs. Moreover, new model
relationships are necessary to extend the validity of the modelled equations to low Peclet numbers.
Preliminary benchmarks on experiments using HLMs show that the turbulent parameters contained in
CFD codes could be unsuitable for liquid metals. Therefore, measurements of the characteristic
turbulence quantities in liquid metal flows are needed in order to 'tune' the parameters of the
turbulence models, and Direct Numerical Simulation (DNS) data are required to extend the models in
an acceptable manner.

The ASCHLIM (2003) project - an Accompanying Measure of the Euratom 5th FWP - aimed to bring
together different experiences in the field of HLMs, both in the experimental and numerical fields, and
create an international collaboration to (1) make an assessment of the main technological problems in
the fields of turbulence, free surface and bubbly flow and (2) co-ordinate future research activities.

Although all the tested codes proved their capability of reproducing qualitatively the experimental
results, the conclusions are uncertain from the quantitative point of view. Significant discrepancies
between some of the experiments in the series and calculations (see below) were observed in different
cases, in particular strong discrepancies were found for the turbulence intensity. Three-dimensional
effects might also explain the discrepancies.

ESS-HETSS Simulation

A code comparison Benchmark was performed within the ASCHLIM project, based on a mercury
experiment carried at IPUL to examine heat transfer between a heated surface and a mercury flow in a
flow configuration typical for the ESS spallation target. HETSS are used to apply a constant heat flux
from the walls to the mercury, and to measure the wall temperature. For different mass flowrates, the
heat exchange coefficient between the mercury flow and the channel walls was determined. The
exercise is of interest to MEGAPIE in that good experimental data are available for low-Prandtl-
number HLM flow over HETSS devices in a curved geometry, generically similar to that encountered
over the window in MEGAPIE, and reproduced more exactly in the KILOPIE tests, albeit that the
working fluid was cold mercury in the context of the ASCHLIM exercise.
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Figure 10.20 Schematic view of the HETSS-ESS test geometry

A sketch of the test section design is given in Fig. 10.20, showing the distribution of HETSS elements
along the surfaces of the active part of the channel. The channel had a constant width of 100 mm. Its
height decreased from 20 mm at the inlet to 10 mm at the outlet. The outer curvature had a bending

82/103



radius of 50 mm, similar to the ESS mercury target beam entry window. The outer channel surface
carries three HETSS sectors, each with seven HETSS (HETSS numbers 1 to 21), and the inner
surface carries one sector and 7 HETSS elements, respectively. Different operation conditions of the
HETSS sectors were used for the experiments. Each heated HETSS provides a heat flux of 6.9
W/cm2. The mercury flow-rate is the major parameter that was varied during the test series, with a
flow-rate of up to 1.5 l/s.

Only temperature measurements were made at the HETSS devices. There are no experimental data
available for velocities or turbulence quantities. Therefore, only calculated temperatures at the HETSS
are compared with measurement. In order to look in detail at differences between the numerical
results, a comparison of velocities, temperatures and turbulence within the mercury was performed for
the CFD calculations.

Five organizations, using three commercial CFD codes, participated in the Benchmark, according to the
matrix below. A comparison of results is given in the ASCHLIM final report (ASCHLIM, 2003), and only
a few salient points are picked up here for discussion.

Institutions

CeCoTech

CRS4-EA

FZJ

NRG

PSI

CFD Codes

CFX

X

X

X

FLUENT

X

X

STAR-CD

X

X

For low Prandtl number fluids, the thermal boundary layer thickness is much larger than the velocity
boundary layer thickness, which leads to a weaker influence of the convective heat transfer and a
higher sensitivity to the turbulent heat transfer models outside the hydrodynamic boundary layers.

Results showed that, for the higher flowrates, the k-£ and k-co models agree quite well with the
experimental results, provided a two-layer zonal model or low Reynolds number model is used. Use of
the Menter-modified k-ca model (an option in the CFX-5 code) requires far fewer cells than for the low-
Re k-e model, with only a small penalty with regard to agreement with the data. The RNG k-£ and LES
models predict lower turbulence production than the k-e model of turbulence. If wall functions are
used, y+ should stay below approximately 70 in order to avoid significant errors for the extrapolated
wall temperature. Alternatively, the wall temperatures can be extrapolated on the basis of a new
correlation T*(y*), based on the results for the two layer zonal model.

In FLUENT, for low Prandtl number fluids, the use of the correct thermal law-of-the-wall for the
extrapolation of the wall temperature has to be checked. STAR-CD wall functions for the temperature
should be modified in order to consider a switching point from the linear to the logarithmic region of the
thermal boundary layer, which is different from the switching point for the viscous laws-of-the-wall. The
simulations undertaken by PSI using CFX-4.4 indicated that the Reynolds Stress and Reynolds Flux
models showed a significant effect of turbulence anisotropy, not taken into account by the eddy-
viscosity models, which increases the heat exchange with the walls. This can partly explain the
disagreement with experimental results.

The influence of the local turbulent Reynolds number on the turbulent Prandtl number, and thus on the
temperature profile, is negligible. A constant turbulent Prandtl number of 0.9 seems to be suitable for
the calculations at higher flow-rates.

Disturbing was the fact that the same simulation performed with different codes, even with identical
numerical settings (mesh, advection schemes and turbulence model), can give substantially different
results. This observation is in contrast to the experience gained with the MEGAPIE Benchmark M1
(Smith et al., 2003), in which predictions were quite similar despite differences in mesh distribution,
though the influence of the order of the advection scheme was noted for STAR-CD by both CEA and
CRS4.
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SINQ HETSS Benchmark

The Benchmark was based on results from experiments carried out at IPUL using mercury as the
working fluid, and were intended to be compared with numerical CFD simulations using different
codes. The tests to be studied incorporated three differing internal designs of a proposed liquid-metal
target, modelled at one-to-one scale, for the PSI Spallation Source SINQ. The SINQ HETSS target
experiment was designed to study the heat transfer process between flowing mercury and a heated
surface in a spallation target geometry suitable for installation in SINQ. Velocity fields within different
test-sections were also measured. The experiments were carried out before the conception of the
MEGAPIE project.

Outlet chamber

HgOut

Inlet chamber
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Bypass Tube
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Figure 10.21 SINQ HETSS Test Section

The basic test-section consisted of a vertical cylinder containing an outer annulus for downward inlet
fluid flow, with a hemispherical dome at the bottom (the window). Return fluid flow is upward through
the central region of the cylinder. A sketch of the test section, including upper manifolds, is shown in
Fig. 10.21.

Incoming flow enters the top manifold through six radial pipes, into a ring annulus which is closed at
the bottom. The fluid is diverted upwards, passes over the inner wall of the annulus, is redistributed as
it passes by blockage cylinders hanging vertically inside the inner annulus, and passes vertically
downwards into the annular inlet to the lower test-section. The lower end of each hanging cylinder is
sealed, preventing fluid entering the cylinders.

In the version of the test-section used in the only CFD simulation study completed for the project, the
window was equipped with a strip of HETSS units to enable local heat transfer coefficients to be
calculated on the inner window surface. Using a different window construction, velocity profiles of
mercury within the dome region were obtained by the use of the Ultrasonic Doppler method (UVP),
which provides time-averaged local velocities as well as local flow fluctuation information.
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Initially, three experiments were selected from the series of those carried out at IPUL. However, it
proved impossible within the time limits of the ASCHLIM Project to either analyse more than one of the
configurations of experiment, or to perform a comparison of results from different CFD codes. Only the
Case 2 geometry was modelled, by PSI, using the CFX-4.4 code. Simulation was made at both the lower
flowrate of 1.2 l/s and at the higher flowrate of 3.6 l/s.

The test-section assembly was modelled as far upstream as the six pipes feeding the drum manifold,
each of which was taken to be 150 mm in length. In order to check on the effect of mesh refinement
close to the window in the lower target and in the annulus feeding the window, models with three
different degrees of refinement of mesh distribution were generated. These are designated 'fine,
'intermediate' and 'coarse' meshes, and the computational cell distributions at the target window for
these three models are shown in Fig. 10.22. The total number of cells in the CFD models for these
three cases is as follows: Fine: 451800; Intermediate: 336120; and Coarse: 239256.
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Figure 10.22 Numerical model showing fine, intermediate and coarse mesh options

Most calculations were performed with the standard k-e turbulence model with standard coefficients for
all three model meshes, though some further studies were made with the k-to model The influence of
buoyancy was incorporated by using the Boussinesq model. For simplicity, and to follow the method
already used for the ESS HETSS Benchmark, results are compared with experimental data in the form
of temperature difference between the HETSS patches on the target window and the inlet fluid.

For all calculations performed for the WP, the value of 0.9 was used for the turbulent Prandtl Number
for enthalpy, and no attempt made to examine the influence of varying this value.

Flowrate 1.2 l/s

Temperatures along the HETSS strip, for all three meshes, are plotted in Fig. 10.23, together with the
experimental data. Both are evaluated as average values over the width of each HETSS device, with the
experimental data measured over each separate device, and plotted as single points at the centre of each,
while the CFD results are area-weighted averages over the cells across the HETSS units at every cell position
along the strip. Hence, the CFD models have finer subdivision of the strip than with the HETSS themselves,
even with the coarse-mesh model. However, results should not be too different.

The experimental results suggest that there is better heat transfer near the centre of the dome than under
the edge of the guide tube, where the fluid velocity is higher, at the end with the low-number HETSS.
However, there is no evidence from the measured data that such a reduction of heat transfer occurs near
the other end of the strip. With the fine-mesh model, CFD simulation gives a wall temperature which is
about 20% higher at the first HETSS unit (i.e. 20% poorer heat transfer) than indicated experimentally.
Agreement is quite close in the region from the narrow gap to around two-thirds of the strip length, but major
disagreement appears where the fluid passes under the largest gap, where predicted HETSS temperatures
are about 50% higher than those measured. This tendency occurs with all degrees of mesh refinement,
though the shape of the profile is not consistent with the different meshes. With the intermediate mesh the
peak is sharper, while with the coarse mesh it is flatter. The effect of mesh distribution on surface heat
transfer is very obvious, with the temperature difference between the HETSS and the bulk fluid calculated

85/103



using the coarse mesh being on average about twice as large as that when the fine mesh was used. All the
CFD-generated curves show roughly the same trend of shape of distribution, but the fine-mesh case is
closest to the experimental data.

- • - Finest mesh

• Intermediate mesh

•-Coarse mesh

A Experiment

HETSS Strip (cm) 21

Figure 10.23 Temperatures along HETSS strip, 1.2 l/s (k-e turbulence model)

The principal conclusions from the exercise at this flowrate are listed below.

The mesh must be refined sufficiently to give y+ values close to the lower limit for applicability for the
standard k-e turbulence model. This both improves convergence and gives most accurate results for
heat transfer between fluid and wall.

The standard k-E model gives closer agreement to the experimental temperature data than the Menter-
modified k-o> model (for the same mesh), although the influence of even finer mesh cells in the fluid next
to the wall with this latter model was not tested.

Trends in variation of heat transfer over the surface of the window from the annulus to the target
centreline were amplified by the CFD model with the k-E model, but it has not been possible to confirm if
the effect is damped in the experiment in some way, as CFD results show a symmetry that is logical,
whereas the experimental data is somewhat more asymmetrical. This could point to a lack of sensitivity of
the HETSS at the large-gap end of the instrumented strip. But this limited data is insufficient to prove if this is
the case or not.

There is quite good qualitative agreement between experimental and CFD-generated velocity vector
patterns in the centre of the window region of the test section, though less good elsewhere. Also, there is
not consistent agreement between the velocity components along window radii.

Flowrate 3.6 l/s

With identical geometry, and the same three degrees of mesh refinement, simulations were performed
with 3.6 l/s flowrate in the target, but only using the standard k-E turbulence model. The trend of
increasing accuracy of resolution in moving from the coarse mesh to the fine mesh was observed as
before, and consequently only the fine-mesh results will be looked at in detail here.

CFD averaged temperatures, with all three mesh models, and the HETSS experimental data can be
compared in Fig. 10.24. First, it is clear that the experimental distribution is both flatter than with a flowrate of
1.2 l/s, is lower at the centre of the dome by some 33%, and now exhibits no significant peaks under the
guide tube. This latter could be expected from the increased penetration of fluid from the annulus into the
bottom of the dome, creating more turbulence over the whole dome and smoothing out surface
temperatures. What is significant about all of the CFD results, however, is that there continues to be a broad
peak in temperature under the large gap, for all meshes. The experimental data, however, exhibits almost
no signs of higher wall temperature (poor heat transfer) below either edge of the guide tube.
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Fig. 10.24 Temperatures along HETSS strip, 3.6 l/s (k-c turbulence model)

Nevertheless, there remains a large difference between the results obtained using the different meshes. The
discrepancy using the coarse mesh continues to be very large, at both ends of the heated strip, and is of the
order of 450%. The over-prediction 'improves' to a level of some 250% in the centre of the strip. However,
the fine mesh again gives good agreement with the experiment over HETSS 1 to 8, and over HETSS 20 and
21. Between these zones a broad peak occurs, rising to about 55% at HETSS 15 and 16. All the meshes
generate this temperature rise, but the ramp is smoothest with the fine mesh. However, as the same
HETSS strip was used as with the 1.2 l/s case, and the same effect occurred in this simulation (though to a
lesser extent), it is possible that the HETSS units on this side could be inaccurate.

Summarizing, using the standard k-£ model and the same fine mesh as for the 1.2 l/s case also
showed the best agreement with the experiment, and this agreement was good at the beginning of
heating, on both sides, and in the region under the smallest gap below the edge of the guide tube. A
decrease in heat transfer under the larger gap and from this region over the centre of the window was
present in the CFD simulation but not seen in the experiment. This could also indicate a lack of
sensitivity of the HETSS in this zone to the fluid flow, as noted for the lower flowrate case.

11. SYNTHESIS AND FINAL SUMMARY

Introduction

A considerable amount of support R&D has been carried out by the X4 Group over the duration of the
MEGAPIE project. The Group has performed thermal-hydraulic and structure-mechanics
investigations to fulfil the project objectives placed upon it. These being:

• to define the lower target flow configuration, within the geometric constraints imposed by
the physical boundary conditions (geometrical confinement, LBE inventory, pump
capacities, THX power, etc.);

• to identify, and evaluate, optimum target window design to minimise thermal loads and
pressure drops, and to avoid hot-spots and flow instabilities;

• to demonstrate reliable cooling of the lower target enclosure (LTE);

• to demonstrate the structural integrity of the liquid-metal container (LMC) and its internal
components, and that of the LTE;

• to provide best-estimate safety margins on target coolability and structural integrity under
operational flow conditions;

• to investigate, quantify, and make recommendations regarding, abnormal target operation
(including possible accident scenarios).

It should be noted that all of the design studies (i.e. those relating to steady-state operation of the
target) have been carried out with an assumed beam current of 1.74mA, which was the expectation at
the beginning of the project. However, the policy decision to reduce the beam current to 1.4mA was
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taken into account in some later design studies, and all analyses of transients have been undertaken
for the reduced beam current.

Based on the CFD and structural analysis simulations performed to date, the following
recommendations can be made regarding the lower target coolability. It should be emphasised that
these recommendations are valid (in the opinion of the lead author) at the time of writing, and are not
immutable. They will be updated accordingly as more information becomes available (e.g. in the light
of future experimental findings and/or LES simulations), or as a consequence of changes in operating
parameters.

Design Studies

For the presently-accepted beam footprint, slightly better window cooling and less severe guide tube
heating were predicted for the case in which the bypass flow were aligned with the minor axis of the
elliptical beam footprint. Note that this is not the final design option.

It is predicted that better window cooling and, particularly, less severe temperature differences (and
associated stresses) in the lower part of the guide tube are obtained if the guide tube is slanted at the
bottom (vertical distances to target hull 15mm/25mm or 10mm/30mm), with bypass flow on large-gap
side. The option 15mm/25mm has been adopted for the target design.

It is recommended that the bypass mass flowrate should be at least 2.5 kg/s (through a nozzle of
cross-section about 200 mm2, resulting in a discharge velocity of 1.2 m/s), and the main mass flowrate
be 37.5 kg/s. (In the light of the Heated Jet Experiment at FZK, the option of a bypass/main mass
flowrate ratio of 3.0/37.0 kg/s should be kept open.)

From optimisation studies of bypass shape and position performed by CEA, an optimum bypass
nozzle design consisting of a slightly elliptic cross-section, positioned under the large-gap end of the
guide tube and slanted at 15° to the vertical, was identified as giving the best window cooling and least
vulnerability to slight changes in geometry. These characteristics were calculated as being marginally
superior to those of the reference design (rectangular nozzle shape of 10mmx20mm, with discharge
parallel to the window surface and situated as close as possible to it).

There is significant heat transfer from the (hot) LBE in the riser to the (cool) downward flow in the
annulus through the guide-tube wall. This results in window temperatures being raised by about 40°C
compared with the case in which the guide tube wall is perfectly insulated.

From the stress analyses performed in combination with the numerical thermal-hydraulics studies, the
benefits of fitting spacers between the guide tube and the target hull were identified to limit the
bending of the guide tube caused by differential heating in the riser. Detailed studies have shown that
the spacers could be situated above the spallation zone, if necessary, and still be effective in limiting
lateral bending of the guide tube.

It is estimated that, as a result of thermal expansion, the vertical extent of the target hull increases by
5.5 mm and that of the guide tube by 10 mm from cold, manufacturing conditions. It is important that
the design of the bypass ducting and nozzle, and the anchoring of the unit, should take these relative
extensions into account.

Combined thermal-hydraulic and stress-analysis calculations have demonstrated that there are very
large safety margins on LTE coolabilty, with no serious hot spots or stress concentrations for steady-
state operation with a D2O flowrate of 2.2kg/s. FE analysis of the "target catcher" ring has shown that
the arrangement is effective in preventing contact of the LMC and LTE in the window regions.

Operational Transients

Coupled CFD/FE analyses have shown that, under normal operating conditions, maximum stress
levels are kept within satisfactory limits: 46 MPa for the window and 49 MPa for the guide tube, with no
increase of stresses during beam interrupt and restart events.

The effects of beam wandering by up to 2mm at the window are negligible: the maximum window
temperature varies by ±2°C, and elsewhere by ±15°C.

Combined experimental/numerical studies have identified a strategy for safe freezing of the LBE in the
target at the end of irradiation (LBE can expand by up to 1% volumetric due to recrystallisation after
freezing). It is commonly agreed that the LBE should be kept hot (at about 90°C during
recrystallisation, followed by slow cooling (about 1°C per hr) to room temperature, and that bottom-to-
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top freezing of the target should be ensured to limit stresses. The details of the control procedures to
be followed with the target in-situ remain to be worked out in detail.

Abnormal and Accident Transients

It is predicted that, with the slanted guide tube, the target could still be operated if the bypass pump
fails (though at reduced power) without overheating of components. However, it was decided not to
continue operation of the target if this occurs.

It is predicted that the structural integrity of the LMC would not be compromised in the event of
isolated failure of the main pump or bypass pump, but that further operation of the target is not
recommended.

Accidental over-focussing of the beam due to partial or total bypass of the Meson Target E has been
identified as a serious event. For beam focussing in excess of 35%, the window temperature does not
stabilize, and structural failure can be anticipated. Higher degrees of focussing reduce the time
available to shut off the beam, and for 100% focussing this time reduces to 200ms.

Coupled thermal-hydraulic and stress-analysis calculations indicate that jet impingement of cold
(40°C) D2O from a ruptured LTE onto the hot (400°C) outer surface of the window would not lead to a
brittle fracture of the LMC.

Combined thermal-hydraulic and stress-analysis calculations indicate that jet impingement of LBE on
the upper surface of the LTE inner skin from a ruptured LMC does not cause serious structural
damage, nor blockage (through plastic deformation) or local boiling of the D2O in the LTE cooling
circuit.

First, over-conservative, estimates of the thermal consequences of the gap between the LMC and LTE
being completely filled with hot LBE as a consequence of failure of the LMC indicate that there is a risk
of bulk boiling of the D2O and pressurization of the circuit if heat-transfer surfaces are not insulated.
This study is incomplete, but insulation of the outer surface of the cylindrical part of the LMC and/or
the inner surface of the LTE (if possible) is recommended.

Validation Studies

The flow visualisation tests HYTAS have provided high-quality velocity measurements in a 1:1
MEGAPIE geometry at close to prototypic flow conditions (Re»60'000 in HYTAS, Re«60'000 in
MEGAPIE). The flow is seen to be complex and time-dependent, with a critical value of the
main/bypass flowrate (»15) necessary to stabilize conditions over the window. CFD analysis has
begun, but detailed measurements have come late in the project, and a comprehensive code-
validation exercise remains to be undertaken.

The 1:1 scale LBE tests carried out under the acronym KILOPIE-1 have produced useful results only
for the KILOPIE-TC tests in which there was direct measurement of the window internal temperature.
Measured HTCs were in the range 15'000 to 20'000 W/m2K, which are in accord with expectations
from earlier tests using Hg, and with CFD predictions. It has not been possible to reproduce heat
fluxes from the window which are prototypic for MEGAPIE.

Temperature measurements obtained in the LBE from the Heated Jet series of experiments (no
window heating) have provided information on the stability of the bypass jet flow, and indications of the
fluctuations to be expected in MEGAPIE. There are indications that the reference main/bypass mass
flowrate ratio (37.5/2.5) may not be low enough to ensure stable conditions over the entire window,
and that a ratio of 37.0/3.0 would be advisable, though this does result in penetration of the bypass jet
into the opposite annulus. This option should be kept open, and tested numerically. First numerical
simulations have been performed, but wider utilisation of the data is needed for CFD validation.

Through appropriate benchmarking exercises (the EU project ASCHLIM and the MEGAPIE
Benchmark), confidence in the CFD thermal-hydraulic predictions made for the MEGAPIE project has
been established. In particular, the k-e turbulence model, including the use of a turbulent Prandtl
number to model heat transfer via the Reynolds analogy, if used correctly, is able to reproduce the
mean-flow conditions and heat transfer reliably.
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Final Comments

Summarising briefly, the X4 Group has been very active over the duration of the project: 22
coordination meetings have been held, and 52 citable documents have been written. A balanced
programme of numerical and experimental work has been pursued. It may be argued that neither has
gone far enough: CFD simulations have been based on RANS turbulence models, giving mean values
only, and window-cooling experiments have not been performed at representative heat fluxes. Nor has
there been sufficient analysis of the experimental data available.

However, in regard to the vital issue of window coolability, the picture which emerges from the
available evidence is a consistent one. With adequate bypass flow maintained, a HTC in excess of
15'000 W/m2K has been predicted and measured over the heated part of the window, sufficient to
keep the outer window temperature below the design value of 400°C (370°C/342°C for a beam current
of 1.74mA/1.40mA, respectively); the maximum inner surface temperature is about 35°C lower than
this. With inadequate or no bypass flow, a HTC of 5'000 W/m2K has been predicted and measured
over the heated part of the window, sufficient to limit the maximum window temperature to 530°C -
hot, but a long way from melting.

The HYTAS and Heated Jet Experiment have provided information on the stability of the flow field to
be expected in the MEGAPIE geometry, but in the absence of the strong buoyancy forces which will
be present when the target is irradiated. To date, no direct numerical data regarding flow stability and
fluctuations are yet available: LES simulations are underway, but are very CPU intensive, and results
are not available at the time of writing.
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ANNEX 1: ORGANISATIONS

CEA

Through the 1990's, CEA had gained overall experience in the fields relevant to the design of heavy
liquid-metal-cooled spallation targets through its involvement in projects such as APT, Rubbia's ADS,
and its own Trispal project. Furthermore, for two years, specific resources have been allocated to
thermal-hydraulics analysis. Initial applications concerned the ISTC 559 project, whose preliminary
and final designs were computed using the in-house TRIO-VF code (cylindrical co-ordinates), and had
provided results in very good agreement with those of similar codes developed at IPPE in Russia.

During 1999, as collaborations were gradually organised among European R&D organisations
involved in the MEGAPIE project, more capabilities for supporting thermal-hydraulic studies for liquid
metal targets were set up. Concerning CFD, the commercial code STAR-CD was acquired, and in-
house codes such as PRICELES and TRIO-U were extended to perform Large Eddy Simulations with
more accurate numerical schemes and parallel processing.

ENEA

During the latter part of the 1990's, ENEA was involved in studies, calculations and design-oriented
activities of heavy-liquid-metal spallation targets, attention focusing on the Rubbia ADS project. In
order to support the main design options identified by ANSALDO for the subcritical system, the
construction of a large pool facility (90 tons of LBE) had been foreseen, and a bilateral agreement with
the Russian ISTC supported the studies of the target and pool design. Both as a consequence of its
own activities, and its association with the CRS4 organisation in Sardinia, ENEA brought valuable
expertise into the project, including considerable experience using the CFD code STAR-CD, and the
structural analysis package ABAQUS

FZK

Since 1997, experimental and theoretical studies have been performed at FZK for designing spallation
targets, and FZK was an official collaborator in the ISTC Project 559. In the frame of this project, a
pilot 1 MW LBE target has been designed and manufactured for testing at the LANSCE accelerator of
LANL. FZK was involved in the design and optimisation of the LBE target, for which numerical
calculations with different CFD codes, e.g. CFX-4 and FIDAP, were carried out. From the viewpoint of
the beam window cooling, the geometric parameters of the target and the perforated plate featured in
the design were optimised. In addition, hydraulic investigations were carried out at the HYTAS test
facility to study the flow behaviour in the target using water as simulant fluid; this facility was later
modified for use within the MEGAPIE project. The multi-purpose LBE loop KALLA, which was in an
early construction phase at the start of the MEGAPIE project, was later used to perform the window-
cooling tests under the acronym KILOPIE.

On the numerical modelling side, FZK has developed turbulent heat transfer models for liquid metals,
which have been incorporated into its in-house CFD code FLUTAN. These were used in early studies
of the MEGAPIE target configuration. In a parallel activity, the commercial code CFX-4 was adopted
for these studies.

KAERI

KAERI has been involved in transmutation research since 1992. After some feasibility studies, the
HYPER project (HYbrid Power Extraction Reactor) was initiated in 1997 as a mid-term to long term
national project. As an official partner in the MEGAPIE project, KAERI officially became involved in the
work of the X4 group in 2001, though actual contributions to the thermal hydraulic studies had already
started in 2000 in the context of the collaboration with FZK. Indeed, since 2000, a KAERI member of
staff has been on attachment duty at FZK, and contributed to activities in the MEGAPIE project.
KAERI is using the CFX-4 and CFX-5 codes for thermal-hydraulic analyses and designs of spallation
targets.

PSI

The X4 work package also benefited from previous LBE-target studies undertaken at PSI in the early
1990's. At that time, two window designs (hemispherical and cusped) were under consideration, both
cooled by natural circulation only. A state-of-the-art Computational Fluid Dynamics (CFD) code
ASTEC was acquired and utilised to determine the wall temperatures; thermal stress analysis was
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then undertaken using ANSYS. In the late 1990's, further CFD analyses were performed (this time
using the CFX-4 code) in support of the European Spallation Source (ESS) concept. As a
consequence of this involvement, the final flow configuration derived, with multiple inlets and internal
flow baffles, was adopted as the reference design for the project. Structural dynamics computations
were subsequently carried out at the Forschungszentrum Jülich (FZJ) using in-house codes. A full-
scale, plexiglas model was constructed at FZJ and transported to PSI, where tests were carried out
using water as simulant fluid. A special feature of the tests was the use of non-intrusive Ultra-Sonic
Velocimetry (USV) to measure velocity profiles in the flow.

The same USV technique was also used to map flow fields in the SINQ flow simulation tests carried
out in the mercury loop at IPUL. These experiments also featured the use of HETSS devices for the
measurement of convective heat transfer coefficients over the beam window, and IRT for time-
dependent, non-contact measurement of window temperatures. These latter two techniques were later
utilised in the KILOPIE experiments. In addition, one of the IPUL tests was adopted as a CFD
benchmark example within the EU-sponsored activity ASCHLIM.

92/103



ANNEX 2: DESCRIPTION OF CFD CODES

CFX-4

The code has been developed over many years at the Harwell Laboratory of AEA-Technology in the
U.K. (and latterly in Otterfing, Germany) and is used extensively in Europe, North America and South
East Asia for the simulation of practical fluid flow and heat transfer problems, as well as for a vehicle
for the development of advanced physical models (for example Large Eddy Simulation) and
computational techniques. The code operates in steady-state and transient modes. In the latter case,
there is an adaptive time-stepping option with automatic control of the time step to optimize efficiency
(within a user-defined residual error tolerance). Conjugate heat transfer problems may be simulated,
including heat conduction in solid regions bounding the fluid domain; this facility is required for the
MEGAPIE project.

The multi-block gridding capability enables geometries of almost arbitrary complexity to be handled
using an appropriate grid generator, and graphical display of results is effected using the in-built post-
processor or by providing links to other software packages. Boundary conditions and material
properties are conveniently defined block-wise in terms of patches, which may be 2D (for inlets,
outlets, planes of symmetry, etc.) or 3D (to define flow obstructions or conducting-solid regions).

The flow may be either laminar or turbulent, and a number of turbulence models are available
depending on the flow situation. (For MEGAPIE applications, in which boundary layers are very thin,
the High Reynolds Number k-e model is generally applied.) Single-phase and multi-phase simulations
may be performed, though in the latter case the models are still under development. The fluid may be
incompressible (with the Boussinesq approximation applied for heat transfer problems involving
buoyancy forces, as used for most MEGAPIE simulations) or fully compressible (assuming the ideal
gas law). Variable material properties may be used as an option.

In physical space, the problem geometry is defined as an assemblage of hexahedral blocks of
arbitrary shape, which are glued together (body-fitted system). Each block is subdivided into elements,
which then become the control volumes for the discretization scheme. The conservation equations for
mass, momentum, energy (and any other transport quantities) are integrated over the control volumes
using a non-staggered grid approach in which all variables are stored at the cell centres. Space
differencing is generally centred for the diffusion terms, but a number of options exist for the advection
terms. The default is a hybrid scheme in which central differencing (second-order) is used if the mesh
Peclet number (the ratio of the advection to diffusion coefficients) is less than 2, and first-order upwind
differencing is used otherwise. Higher-order upwind schemes (such as HUW, QUICK, CCCT, MUSCL,
TVD) are available as user options. By default, fully-implicit, backward-Euler time diffencing is
employed, though there are options to use second-order backward diffencing or a time-centred Crank-
Nicholson scheme, both of which are second-order accurate, though less robust. The pressure-
velocity coupling algorithm is based on the SIMPLE, SIMPLEC or PISO schemes. Different linear
solvers may be employed for different variables: the default is to use Stone's method for the
momentum, energy and scalar equations, the pre-conditioned conjugate gradient method for the mass
equation, and line relaxation for the turbulence transport equations. For badly distorted grids, an
algebraic multi-grid solver is also available.

CFX-4.3: Solver. AEA Technology pic, 1999, Harwell, Oxon 0X11 ORA, U.K.

STAR-CD

This is a state-of-the-art CFD package, in many respects equivalent to CFX-4, but with more powerful
meshing capabilities and an advanced turbulence model. The code is licensed by Computational
Dynamics Ltd., Shepherd's Bush Rd., London, U.K., and traditionally had strong connections with the
group of Prof. David Gosman at Imperial College, University of London. The physical models of
relevance to MEGAPIE are basically the same as those in CFX-4, as described above, but in addition
STAR-CD features a fully unstructured mesh set-up and a two-layer turbulence model.

The unstructured mesh consists of straight-edged cells of various forms (predominantly hexahedral or
tetrahedral in most cases, but triangular prisms and pyramids are also available), which may be joined
face-to-face in an arbitrary manner to form a body-fitted representation of complex geometrical
shapes. An embedded refinement facility enables local mesh concentrations to be defined in regions
of large gradients and, even if the structured hexagonal mesh option is being used, unmatched cell
faces can be handled easily by the code. The arbitrary mesh interfacing possible with STAR-CD
enables mesh generation to proceed independently for different regions of the flow domain, and later
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assembled for the complete model. For this reason, the code is used extensively by the automobile
industry for precise body-contour modelling.

One feature of STAR-CD, which is not available with CFX-4, is the two-layer turbulence model. With
this facility is possible to change from a High Reynolds Number k-e model for the interior flow, and to
avoid the use of wall functions by switching to a Low Reynolds Number or Mixing Length model in the
near-wall region. By this means it is possible to resolve velocity and thermal gradients near the wall,
and apply the no-slip condition directly.

STAR-CD, Version 3.15 Manual, Computational Dynamics, London 2001.

FLUTAN

FLUTAN is a highly vectorized computer code for 3D fluid-dynamic and thermal-hydraulic analyses in
Cartesian, cylindrical, or recently also in body-fitted (Jan 2001), coordinates. It was developed in order
to simulate single-phase flows with small compressibility. The conservation equations for mass,
momentum, energy, and turbulence quantities, are discretized on a structured, staggered grid using a
finite volume method. The discretization of the diffusion terms is performed by a central difference
method, and a first-order upwind, or one of two second-order upwind (QUICK and LECUSSO)
methods can be chosen for the advection terms. Several efficient methods are available for solving the
Poisson equations for the pressure, for all dependent variables in the fluid domain, and for the thermal
energy in the solid structures, e.g. the highly vectorized CRESOR solver. A first-order implicit Euler
method is used for the time discretization.

Several turbulence models are available in FLUTAN. The most important one is the Turbulence Model
for Buoyant Flows (TMBF), which consists of a first-order k-e model in a Low-Reynolds Number
formulation and a second-order, five-equation turbulent heat flux model. A number of new models
were developed on the basis of DNS data and were implemented in the code to improve the turbulent
heat flux modelling for liquid metal flows. In several benchmarks, it turned out that the TMBF in its
current development status is a powerful tool at least for forced and mixed convection. Special thermal
boundary conditions are available in order to simulate different thermal situations, for example a heat
exchanger model, a 3d thermal wall model, and a semi-analytical model for radiative heat transfer
from walls. The structure temperatures are discretized on an separate grid on which the heat
conduction equation is solved independently of the solution of the corresponding equation in the fluid
domain.

In order to verify the code, a large number of fundamental laminar and turbulent flows were calculated,
and a large number of numerical tests have been performed using for example flows with analytical
solutions to check the consistency and accuracy of the results. Applying the code to many different
convective heat transfer problems has demonstrated the reliability of FLUTAN and its models.

Borgwaldt, H., 1990. CRESOR, A Robust Vectorized Poisson Solver Implemented in the COMMIX-
2(V) Thermal-Hydraulic Code. Paper AC064. Int. Conf. On Supercomputing in Nuclear Applications
(SNA 90). Mito City, Japan, March 12-16, pp. 346-351.

Jin, X., 2001. Rechenverfahren zur Diskretisierung von Strömungen in komplexer Geometrie mittels
körperangepasster Gitter. Dissertation, Universität Karlsruhe. FZKA 6596

Willerding, G., Baumann, W., 1996. FLUTAN 2.0 input specifications. FZKA 5712.

Carteciano L.N., Weinberg D., Müller U., 1997. Development and Analysis of a turbulence Model for
Buoyant Flows. Proc. of the 4th World Conf. on Experimental Heat Transfer, Fluid Mechanics and
Thermodynamics, Bruxelles, Belgium, June 2-6. Vol. 3, S. 1339-46. Pisa Edition ETS.

Cheng, X., 1998, Entwicklung experimentell gestützter analytischer Verfahren zur Auslegung der
Containmentkühlung mit Luft durch Naturkonvektion. Forschungszentrum Karlsruhe, FZKA 6056

Baumann, W., Carteciano, L., Weinberg, D., 1997. Thermal propagation effects in a vertical turbulent
flow behind a jet block - A benchmark exercise. Journal of Hydraulics Research, Vol. 35, pp. 843-864

ABAQUS

ABAQUS is a general-purpose, finite element analysis program with a high-performance, sparse,
multifront equation solver to solve both symmetric and asymmetric systems of equations. The program
provides a variety of time- and frequency-domain analysis procedures for both linear and non-linear
response of bodies and structures in many kinds of problems: thermo- mechanical, heat transfer,
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mass diffusion, acoustic, thermo-electric, etc. Comprehensive libraries of material models are offered,
different types of finite elements, boundary and loading conditions, and body interaction options
(including contact and impact). ABAQUS has been tested in over 5000 basic test cases, and over 200
benchmark problems [1-2].

Abaqus Standard Verification Manual, Hibbitt, Karlsson & Sorensen, Inc.

Abaqus Standard Benchmarks Manual, Hibbitt, Karlsson & Sorensen, Inc.

ANSYS

ANSYS is another state-of-the-art, commercial finite-element, structure mechanics code especially
suited for the analysis of large, non-linear stationary and dynamics problems. In combination with the
in-built CFD package FLOWTRAN, conjugate heat transfer problems can be handled, and thermal
stresses in solid components simultaneously computed. Fracture mechanics problems, and non-linear
material behaviour (caused by plasticity, creep or large straining) can easily be represented.
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ANNEX 3: GLOSSARY

General

ADS

ASCHLIM

ASME

BPGs

CFD

CHF

CPU

D2O

DNB

DNS

DRACS

EMP

ERCOFTAC

FE

FZJ

GT

H2O

HETSS

HTC

IPUL

IRT

LANL

LBE

LDA

LES

LFA

LMC

LS

LTE

RANS

SM

THX

UDV

USV

VOF

Accelerator-Driven System

Assessment of Computational Fluid Dynamics Codes for Heavy Liquic
Framework Accompanying Measure)

American Society of Mechanical Engineers

Best Practice Guidelines

Computational Fluid Dynamics

Critical Heat Flux

Central Processing Unit

Heavy water

Departure from Nucleate Boiling

Direct Numerical Simulation

Direct Reactor Auxiliary Cooling System

Electro-Magnetic Pump

European Research Community on Flow, Turbulence and Combustion

Finite element

Forschungszentrum Jülich

Guide Tube

Light water

Heat Emitting Temperature Sensitive Surfaces

Heat Transfer Coefficient

Institute of Physics, University of Latvia

Infra-Red Thermography

Los Alamos National Laboratory (US)

Lead-Bismuth Eutectic

Laser-Doppler Anemometry

Large Eddy Simulation

Laser-Flash Analysis

Liquid-Metal Container

Level Sets

Lower Target Enclosure

Reynolds-Averaged Navier-Stokes

Structure Mechanics

Target Heat Exchanger

Ultrasound Doppler Anemometry

Ultra-Sound Velocimetry

Volume-Of-Fluid
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Codes

ABAQUS Commercial structural analysis program

ANSYS Commercial structural analysis program

ATHLET System analysis code, used extensively in Germany

CFX-4 Commercial CFD software program

CFX-5 Commercial CFD software program

FLUENT Commercial CFD software program

FLUTAN In-house 3D CFD code developed at FZK

FLUKA Neutronics software program

MCNP Monte-Carlo Neutronics Program

PHEONICS Commercial CFD software program

RELAP5 System analysis code, used extensively in US and elsewhere

SATURNE 3D CFD code, developed by EDF

STAR-CD Commercial CFD software program

TRAC Transient Reactor Analysis Code

TRIO-U CFD software program, developed by CEA

Experiments and Facilities

KALLA Karlsruhe Lead Laboratory

HYTAS Glass-loop MEGAPIE simulation experiment at FZK

KILOPIE LBE-loop MEGAPIE simulation experiment

THEADES Thermal hydraulic loop within KALLA
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