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Abstract

The Master Curve method to determine fracture toughness in the brittle-to-ductile transition

temperature range is provided in the ASTM standard E 1921. In this study, the method was applied to

two types of typical Japanese reactor pressure vessel steels. As a result, it was confirmed that valid

reference temperatures as well as master curves could be determined based on the ASTM standard.

The ability of the statistical size scaling as well as te propriety of the assumption on the statistical

distribution of fracture toughness was experimentally validated. The relative position between the

master curve and the current KIC curves was then compared and discussed.

1. Introduction

The American Society for Testing and Materials (ASTM) E 1921, "Standard Test Method for

Determination of Reference Temperature, To, for Ferritic Steels in the Transition Range[']," provides

the Master Curve method to determine fracture toughness in the brittle-to-ductile transition temperature

range. The method uses the reference temperature, To, as an only index of the fracture toughness

transition. In other words, the curve has an invariant shape as te relation between median fracture

toughness and te difference of temperature from To. The Master Curve method has been successfully

applied to many data of reactor pressure vessel steels.

The Master Curve method rests on several assumptions. One of the key assumptions is that the

scatter in fracture toughness is captured by weakest link statistics with a Weibull distribution with a

slope of 4. The statistical model based on the weakest link concept proposed by Wallin[2,31 provides the

theoretical basis of the Master Curve method. This model leads to the effect of specimen size on

fracture toughness due to variations in the highly stressed volume of material near the crack tip. For

througlit-cracked specimens such as C(T) specimens, the stressed volume varies with crack front length,

which is equal to specimen thickness. Thus, the size effect can be simply associated with the variations

in the specimen thickness.

In this study, the Master Curve method was applied to typical Japanese reactor pressure vessel

steels to examine whether the method works well on the specific materials. Specimens with different

sizes were used to determine master curve, and the ability of the statistical size scaling was experimen-

tally investigated.
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2. Material

Two reactor pressure vessel steels were used for fracture toughness tests in this study. One is

SFVQ IA steel specified in Japanese Industrial Standard, which is corresponding to SA508 Cl 3 The

other is SQV2A steel corresponding to SA533 Gr. B Cl. 1. The former is considered to have relatively

higher toughness than the latter. Table I and 2 show the chemical compositions and the tensile properties

of the tested materials, respectively. The reference nil-ductility temperature, RTNDT, was separately

obtained from the results of Charpy impact test and drop weight test, as RTNDT = 300C.

3. Fracture Toughness Test

3.1 Test Specimen

Test specimens used for the fracture toughness tests were QT) specimens with the thickness of

4-inch, 2-inch, and I -inch. These were based on the recommended designs in ASTM E- 1 92 1. Figure I

shows the configuration of the test specimens.

Fatigue precrack was introduced in all specimens in accordance with the ASTM standard, so that

the ratio of initial crack length (sum of machined notch and fatigue precrack), ao, to specimen width, W,

to be about 0525.

3.2 Test Condition

Table 3 shows the test matrix. 4T, 2T, and IT QT) specimens were used for the SFVQl A tests,

and 4T and 2T QT) specimens were used for the SQV2A tests. Test temperature was selected so that

the fracture toughness could be valid to identify master curve for each material.

Test procedure exactly complied with the ASTM standard. Applied load-line displacement was

controlled as 0. 02 mm./s for 4T, 0. I mm/s for 2T, and 0.005 mm/s for IT QT), which corresponds to

1. 1 to 22 MPa Vin of Stress intensity factor rate for nominal specimen dimensions.

Test specimens were cooled by mist of liquid nitrogen in thermostatic chamber. Figure 2 shows

the test apparatus. Test temperature was controlled at the point across the crack plane by a spot-welded

thermocouple, so that it was ranged in ±3'C of prescribed value. The specimens were hold at the

specified temperature for half hour per thickness in inch, that is, 2 h for 4T I h for 2T, and 0.5 h for IT

QT) specimens.

After completion of the tests, the qualification of obtained data was examined for each test.

Initial crack size was then optically measured.

4. Test Results

4.1 Fracture Toughness

For all fracture toughness tests, failure was full cleavage and no pop-in was observed. All data

was eventually judged to be valid based on the criteria in the ASTM standard.

The relations between I T-equivalent fracture toughness, KJQ1 Teq), and test temperature, T, were

shown in Figure 3 Kjc(]Teq) was translated from the fracture toughness, K.jc as the following equation:

B
KC(IT�q = K,.,� + [ K, - K,,,, ] (1)

B 1T
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where K, = 2MPa-Fm , B is the specimen thickness, and BITIs the specimen thickness for IT C(T)

specimen = 25.4 mm). The values and the variations of Kjc(l Tq)for different size specimens are at the

same level for SFVQIA and SQV2A. The dependence on specimen size was not ascertained in the

figure.

4.2 Reference Temperature

The reference temperature, To, was derived from the data set of Kjc(ITq) based on both the

single-temperature method and the multi-temperature method.

In the single-temperature method, the Weibull scale parameter, & is calculated

N K JC(lTeq)(i) K.in 1/4

K = I + KM. n (2)
i=1 N

where N is the number of data. KO corresponds to a 63% cumulative probability of cleavage failure.

Next, KO is converted to the median Kc, Kc(rnd), corresponding to a 0% cumulative probability of

cleavage failure:

K JC(md = K,,� (K, - K.,� [In (2)]'" (3)

To is then evaluated by

I KJC(med 30
T = T - 0.019 In 70 - (4)

where T is the test temperature.

In the multi-temperature method, To was directly calculated so as to satisfy the following equation:

N exp 0.019 T - T (K _20)' exp[O.019(T-T)]
0 - (-dXf)

1,51 Y, S = 0 (5)11+77exp[O.019(T -T)] 019(T-T)I i=, 1 I 77 exp [0.

where the subscript i denotes the i-th data, = for valid data or = for substitute data.

Table 4 shows the list of To evaluated from the data set of Kic(ITq) for different specimen size,

different evaluation method, and different test temperature. The comparison of To is visually presented

in Figure 4 It can be seen tat te effect of test temperature, evaluation method, and specimen size on

To is small. The maximum difference of To is I6'C for SFVQIA and 6C for SQV2A. To obtained by

the multi-temperature method is naturally intermediate value of Tos by the single-temperature method.

In case of the evaluation by te multi-temperature method, the difference of To is consequently reduced

by at most 4C, which can be reasonably negligible. Comparing To for SFVQ IA with that for SQV2A,

SFVQ IA gives about 12'C lower To than SQV2A on average. This difference seems to be significant

and SFVQIA has relatively hgher toughness tan SQV2A.

Figure shows the Weibull plot of test data. The cumulative probability of cleavage failure, p is

calculated as the median rank:

p = i - 03) / (N + 04) (6)
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where i is the rank and N is the number of specimen. The plotted data is almost linear with the slope of

4 in spite of the difference of specimen size or test temperature. This implies that the distribution of

fracture toughness is in accordance with a Weibull distribution with a slope of 4, and the ability of the

statistical size scaling is satisfactory for the specific materials in this study.

4.3 Master Curve

Once To, is deter-mined, the relation between Kjc(.,d) and T, that is, the master curve can be

uniquely presented by the equation:

K JC(med) �30 70 exp [0.0 1 9 T - T,))], MPa-�m (7)

Based on the statistical characteristic of Welbull distribution, the 5% and 95% tolerance bounds on the

master curve are:

K /C(0.05 =25.2 36.6 exp [0.0 9 T - T� )], MPafm (8)

Kc(O.95 =34.5 + 101.3 exp [ 0.0 9 T - T )], MP alm (9)

Moreover, the lower bound of the master curve can be obtained by sifting Kic(o.05) in Equation (8 to

envelope the uncertainty in To. Here the margin adjustment, ATO, is given by

AT, or Z, Z 85 (10)

-V 

where is the standard deviation of temperature, is the function of Kic(mld) (see Reference [1]), r is

the total number of specimens, and Z85 is the standard two-tail normal deviate for 85% confidence

1.44).

Figure 6 shows the master curve together with its 5% and 95% tolerance bounds and the lower

bound. Here To obtained from 4T C(T) specimens by te multi-temperature method is used to identify

the master curve (To = 105'C for SFVQlA and 90'C for SQV2A). All data points distribute around

the master curve and are ranging between te 5% and 95% tolerance bounds. Consequently, all data

points can be conservatively enveloped by the lower bound. The shift for margin adjustment, ATO, was

7.5'C both for SFVQlA and SQV2A. It is noted that To for a certain condition was taken to identify the

master curve, however, the above tendency is universal since the effect of test temperature, evaluation

method, and specimen size on To was small.

5. Comparison with Kic Curves

There are some Kic curves in present code/standards comparable with master curves. K curves

were experimentally determined so that they can conservatively envelope numerous data sets of fracture

toughness. In ASME Boiler and Pressure Vessel Code Section XI, AppendixG[41, KC curve is give by

KC = 36.48 + 22.78 exp 0.036 T - RT,,, )] (I )

where RTNDT iSthe reference nil-ductility temperature. In the above equation, RTNDT i used as the

index of temperature. Another KIC curve is provided in ASME Code Cases N-629[51 and N-631[6]:

KIC = 36.48 + 22.78 exp 0036 T - RT )], RT = T + 19.40C (12)1 TO TO 0
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In this equation, the fracture toughness based reference temperature, RTTO, is found from To by shifting

19.4'C (35'F), and is used instead of RTNDT in Equation (I 1).

Figure 7 shows the comparison of the master curve, its lower bound, and two types of KIC

curves. To obtained from 4T C(T) specimens by the multi-temperature method is used to identify the

master curve and its lower bound. RTNDT was separately evaluated as 30'C. Although K curve in

Equation (I 2) based on RTTOis located in slightly higher temperature side than the master curve around

the range of T= To, the difference between the two curves is not remarkable. On the contrary, KC

curve in Equation (I 1) based on RTNDT lies in much higher temperature area than the master curve,

which causes too conservative evaluation. The difference between the master curve and the KIC curve

based on RTNDT is 40 to 55'C in temperature.

6. Conclusions

In this study, the Master Curve method was applied to two types of typical Japanese reactor

pressure vessel steels. The method worked satisfactorily and valid reference temperatures as well as

master curves could be determined based on ASTM E- 1 92 1. The effect of test temperature, different of

evaluation method (single-/multi- temperature method), and specimen size on To was enough small to

be negligible. The distribution of fracture toughness was in accordance with a Weibull distribution

with a slope of 4, and the ability of the statistical size scaling was satisfactory for the specific materials.

The K curve based on RTnwas located in the same level as the master curve, while the KIC curve

based on RTNDT gave too conservative evaluation compared with the master curve.
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Table I Chemical compositions of tested materials

(wt1/)
Material C Si Mn P S Ni Cr MO V Cu

Target -0.25 -0.40 1.20-1.50 -0.025 -0.025 0.40-1.00 -0.25 0.45-0.60 -0.05 -
SFVQ1A Value

Product 0.18 0.18 1.46 0.002 <0.001 0.90 0.12 0.52 <0.01 -
Value 0.17 0.17 1.39 0.002 <0.001 0.87 0.11 0.50 <0.01 -

Target -0.25 0.15-0.30 1.15-1.501 -0.035 -0.040 10.40-0.701 - 0.45-0.60 -
SQV2A Value I I I I I

Product 0.22 0.25 1.44 0.021 0.028 0.54 0.08 0.48 0.10
I Value I I I I I I I I I

Table 2 Tensile properties of tested materials

Temperatu. 0.2/DProof Ultimate Elongation Reduction
Material re Stress Srength of Area

IC MPa Mpa % %
Specified 20±5 345- 550-730 16- 38-

SFVQIA Test 22 443 588 27 78
Result 442 583 28 79

Specified 20±5 I 345- 1550-690 16- 1
SQV2A Test 2 477 1 633 1 25.6 d

1 Result H465 1 614 1 27.2 1 6 

es��.

06
----------- ----------- ----------

100 50 25.4

200 00 50.8
-250 125 63.5

(a) 4T C(T) specimen (b) 2T C(T) specimen (c) IT C(T) specimen

Figure I Configuration of test specimens

Table 3 Test matrix

Material TP Size T Temperature
-40'C -60T -801C I 00T -120T

4T QT) 6 6
SFVQlA 2T QT) 2 6 6 2

IT QT) 6 6
SQV2A 4T QT) 6 6

1 1 2T QT) 1 2 6 6 2
Number denotes number of specimens
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Figure 2 Test Apparatus
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El T150
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Figure 3 Relations between I T-equivalent fracture tou-hness and test temperature
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Table 4 List of To evaluated from the data set of Kic(ITq)

(a) SFVQIA (b) SQV2A

Evaluation Test Reference Evaluation Test Reference
TP Size Method Temperature No. of T? Temperatu TPI Size Method Temperature No. of TP Temperatu

IC re IC re
Single-Temp. -80 6 -104 Single-Tem.1- -60 6 -91

4T QT) -100 6 -106 4T CT) - -80 6 -90
Multi-Temp. -80,-100 12 -105 Multi-Temp. -60,-80 2 -90
Single-Temp. -80 6 -103 Single-Temp. 1 -60 1 6 1 -96

2T QT) -100 6 -105 2T QT) -80 1 6
Multi-Temp. 601-801-10 0-12( 16 -104 �_Multi-Temp. -60,-80,-100 1 14 1 -93

Single-Temp. -80 6 -91
-100 6 -107

Multi-Temp. -80,100 12 _101-

S-)
(1; -90

-95

-100

-105 -

-1 10 -

-115 -

-120

-Q) -C) 0Q.) 0Q) 0Q) -C)
sz,6) b

NAI
All)IN"

(a) SFVQIA

-75

80Cd

-85

-90

-95

100

-105

OC) -C) O(j -C)

(OIZI C, b I

(b) SQV2A

Figure 4 Comparison of To
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2
0 4T, 800C

E 4T,-IOOOC
0 0 2T, -800C

-1 0 2T,-IOOOC
4

-2 A IT, -800C

-3 , IT,-IOOOC

2 3 4 5 6 7
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Abstract

Component integrity assessments require the knowledge of reliable fracture toughness parameters

characterising the initiation of the failure process in the whole relevant temperature range. From a

large number of fracture mechanics tests a statistically based procedure was derived allowing to

quantify the initiation of fracture toughness as a function of temperature as a closed function as well

as the temperature dependence of the cleavage instability parameters. Alternatively to the direct

experimental determination one also can use a correlation between fracture toughness and notch

impact energy.

Key words: ductile crack initiation, cleavage instability, failure, notch impact energy, fracture

toughness-Charpy-correlation.

I Introduction

The well established engineering methods to determine allowable component loadings are based on

the fundamental equation of the strength analysis:

effective stress allowable stress

The allowable stress usually is defined as

allowable stress = material characteristic
safety factor

The static strength analysis is a typical example in this case with using either the yield strength or

the tensile strength (for steels) as "material characteristics" depending on the material behaviour.

The selection of the safety factor varies depending on the failure consequences and on the applied

material characteristics. If for example the design of a component of ductile material is made against

plastic deformation (Yield strength-value), a small safety factor may be selected because inherent
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not quantified margins against rupture are still available. It is important to chose correspondingly

higher safety factors if rupture is considered based on the Ultimate tensile strength Rm (UTS). The

consideration of both the yield strength and the tensile strength is often used when defining the

allowable stress, for example, in defining the Sm value in the nuclear codes.

The gist of this procedure provides the basis for all design instructions and codes. Besides explicitly

required safety factors additional inherent safety margins are available by a defined minimum value

(acceptance criteria) to be used as material characteristics. A statistical analysis based on an

evaluation of a large number of representative test results usually defines these acceptance criteria.

Frequently, the "average values minus double of standard deviation (-2s)" are taken as measure for

the acceptance criteria.

The fracture mechanics characteristics are treated in the codes - if at all - in a different way. The

state of the art is demonstrated in the following together with a recommendation to unify the

procedure.

2 Consideration of fracture mechanics parameters in the safety analysis

In the field of fracture mechanics various parameters are used depending on the deformation

behaviour of the materials and consequently depending on the failure behaviour.

The application of each fracture mechanics evaluation method requires that first a decision is made

against which failure mechanism this evaluation has to be carried out. In a simple case, this would

be an assessment of the fracture loading, generally also considered as "instability" of the

components cross section 

In a more sophisticated analysis also mechanisms and failure stages preceeding the final fracture

should be analysed. This is in analogy to the tensile test, where not only the ultimate strength, but

also yield strength and the whole stress strain curve are measured. In the fracture mechanics test

such preceeding mechanisms are the loading at crack initiation as well as the crack growth prior to

failure. The crack initiation parameter 1] proved to be a transferable material-specific parameter. On

the other hand the crack growth processes and the subsequent instability point are subjected to

external influences such as specimen size, crack geometry, type of test performance, multi-axiality

of the stress state, and so on 2].

In ferritic steels the deformation behaviour and so the fracture behaviour distinctly change

depending on the temperature.

A high degree of energy dissipation capability in form of stable crack propagation prior to instability

(if it occurs at all) after exceeding the crack initiation parameter is assured in the upper shelf of the

toughness depending on the toughness level. In other words: The instability value is much greater

than the initiation value.
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At lower test temperatures one can see that the energy dissipation capability and thus the initiation

value and also the subsequent stable crack growth prior to reaching the instability reduces. This

means that there is less difference between the initiation and instability value. In the limiting case of

very deep temperatures the ductility of the material is constricted in such a way that stable crack

growth is nearly zero and instability occurres immediately after the initiation 3 of the crack growth

process, see Rg,_I. One can obtain the same behaviour independent of the temperature if the multi-

axiality of the stress state is very high.

It is possible to conclude from this issue that safety factors in various magnitudes shall be used in

safety analyses depending on the available fracture-mechanics material characteristics. If the

evaluation is made against instability, the choice of the safety factor has to be greater than in the

case of initiation.

3 Evaluation of fracture-mechanics characteristics according to the code

Initially, the fracture mechanics characteristics to evaluate components in codes was implemented

for the first time in the American nuclear code to safeguard against brittle fracture using the K,-value

to characterise the brittle initiation, 4 An enveloping limit curve was empirically defined from the

then known Kjvalues of typical materials. Safety factors were demanded depending on the loading

case considered either indirectly (via conservative calculation of the effective load) or directly.

This procedure retains nearly unchanged up to now in nuclear Codes, e.g. KTA [51 even if few

(substantiated) data are not completely enveloped. The shape of the limit curve is constant and its

position over the temperature is defined material-specifically by the "reference temperature" RTNDT,

fig. 2.
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The latest development in the field of nuclear codes are giving way to allow an assessment curve

resulting from statistical considerations instead of the empirically defined limit curve used up to now,

e.g. 6 The essential difference in the procedure up to now is the fact that the "old" reference

temperature RTNDT will be replaced by a "new" reference temperature RTTO. This temperature is

based on the Transition Temperature To which is determined by a statistical evaluation from

fracture-mechanics characteristics (cleavage instability Kjc) in accordance with the procedure 7, 8]

known as "Master Curve" (MC). The assessment curve with a shape which corresponds to that of

the earlier enveloping limit curve (Kic-curve) is adjusted according to 6 in the new reference

temperature RTTo To 14 K.
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Contrary to the determination of the reference temperature RTNDT in determining the Transition

temperature To fracture values for instability Kjc are used which may be considerably above the

crack initiation value K1j because of considerable plastification and noticeable crack growth prior to

cleavage instability. This is a very important fact in view of safety factors to be additionally applied.

Besides the nuclear codes fracture mechanics evaluation procedures and related material

characteristics have also been implemented in conventional codes in the latest developments.

The so-called Eurocode III (EC 3 used for the design of steel structures can be taken as an

example 9].

In this code the procedure according to Master Curve was also chosen as a basis for the

components assessments. This means that instability values are considered. In order to simplify

applications in the Eurocode III the Transition temperature To was replaced by the temperature T28i

which can easily be determined by the Charpy-V-notch test. The correlation used is called To = T28J -

1 K [10]. This is good for practical applications because the material behaviour can also be

quantified by fracture mechanics parameters without running extensive and expensive fracture

mechanics tests. On the other hand, it is important for the discussion about using safety factors that

the Transition temperature To has been determined from instability values. Additional inaccuracies

may be caused by the uncertainties in the correlation between To and T28J-

A comparable procedure to define the fracture mechanics parameters is used in the European

analysis procedure "SINTAP" [1 1 ]. This procedure includes a fracture toughness curve for the total

relevant temperature range put together from two ranges. In the lower shelf and transition area the

mean curve (50%) of the Master Curve concept (instability) is indicated. It is adjusted to the

Transition temperature T28j similar to EC3. The correlation between T28j and To here is called To =

T28J 3 K. A horizontal straight line is defined in the upper shelf area as a function of the upper shelf

notch impact energy of the material. It has been derived from a correlation between the "technical

crack initiation characteristicsJO,2" 12], Fig. 4 and the upper shelf notch impact energy. This also is

of great advantage to the application meaning that only results from the, notch impact bending test

have to be known to guess the fracture-mechanics properties. Finally this also means that the

fracture-mechanics "materials curve" in the lower shelf and transition area is based on instability

values and in the upper shelf area on "initiation values".

This fact in combination with the use of correlations with their individual scattering requires careful

consideration in defining the safety factors. SINTAP allows for the area lower shelf and transition

range the use of fracture toughness curves given in the MC-procedure representing distinct

probabilities of failure. However, no recommendation is given for a certain probability of failure to be

used. In the upper shelf an envelop curve can be used if there are little data. If sufficient data is

available for an individual statistical analysis the use of the 1s-curve or a 20 probability curve is

recommended.
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4 Proposal of IVIPA tuttgart to determine a fracture toughness temperature curve in the

total relevant temperature range

A proposal of MPA Stuttgart for the determination of a closed fracture toughness curve in the total

relevant temperature range proposes a "multi-step procedure". The whole concept is based on the

assessment of initiation of crack growth, not on the assessment of instability. Depending on the

available material characteristics, in different steps of the procedure each an assessment curve can

be obtained which includes safety factors depending on the accuracy and the physical meaning of

the material characteristics.

The most extensive and expensive but also mostly used approach (step 1) is the experimental

determination of the initiation values in the fracture mechanics tests both in the transition range as

well as in the upper shelf. For this purpose small fracture mechanics laboratory specimens can be

used because the initiation values are independent of specimen size and geometries 1 2.

At least six fracture mechanics specimens are tested according to this approach in the transition

range of the toughness. The J values determined using the stretch-zone-method (cf. [1, 12, 13] ) are

converted formally in Klj-values (EDZ). Additional crack length corrections are not used as for the

MC-method. An approximate use of a MC curve adjustment will determine the temperature with a

Klj-value of 1 00 Wa4m. This temperature is termed as TKIooinit. This transition temperature is used

to adjust an assessment urve which has been determined from a large number of tests on different

materials, as shown in the following.

If data from various materials are adjusted on their individual transition temperature TKooinit they can

be analysed together as one large data set using a Gaug distribution of the initiation values. The

result will be the mean value curve and curves for standard deviations. Eig. illustrates the result of



- 27 -

such an approach for a number of melts heats of the pressure vessel materials 22 NiMoCr 37 and

20 MnMoNi 55 with their welded joints (WM and HAZ) both for the unirradiated and irradiated

material state. This data shows that one can refer to the -2s-curve for defining the "assessment

curve'.
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Statistical evaluation of initiation values in the lower shelf and transition

This curve intended for safeguarding the initiation in the lower shelf and transition range can be

extended into the upper shelf using a statistical analysis of experimental results of a large number of

steels. Eig,_1 shows the correlation of initiation values J with the mean value of the notched bar

impact energy CV. Also in this case a statistic analysis results in a curve of the initiation value J at -

2s as function of the notched bar impact energy.
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If these results are used for defining an assessment curve (fracture toughness temperature curve for

the total relevant temperature range including safety factors) the outcome is demonstrated in Eig,._Z.

In practice this means that a complete fracture toughness-temperature curve for a material state to

be analysed can be provided by tests on six fracture mechanics specimens and form the notch

impact energy value in the upper shelf. This curve can completely be taken as reference for

evaluating components because of its tatistical safeguard (-2s-curve) and the inherent safety

(initiation consideration with margin against instability, direct transferable characteristics. Additional

safety factors can, if necessary, be kept small. A disadvantage of this method against the MC-

procedure is the more extensive and expensive determination of the J values.

300
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E

EL 200 ------------------- 1� ------------------ -------------------- 11 ------- ------------------ ------------------

200 J

CL
U)
Q 100 .................. T------------------I---------------

CV 100 

Cv 50 

0
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Eigl: Statistically proven evaluation curves for crack initiation, adjusted to TKlooinjt

If for any reasons no initiation values J shall be determined, the assessment curve can also be

defined using instability values K, following the original MC approach to determine the To value

(Step 2 of the MPA evaluation concept). The determination of To according to MC also - as in the

case of TKlooinit-determination - requires testing of at least 6 fracture mechanics specimens.

However, the test performance and evaluation is less extensive and expensive because of not

determining the initiation.

Ejg,._g shows the complete data set of fig. with the initiation value K1j referring to the MC Transition

temperature To of the appertaining Kc-instability values. This deviates from fig. 5. An assessment

curve from this data has the advantage of describing on the one hand, initiation values and, on the

other hand, starts from the simple to be determined Transition temperatures To according to MC. On

the basis of this approach it is possible to define an "envelop curve" with this data. It meets

completely the known data of initiation values. The curve shape determined corresponds largely to

the known Kc7limit curve (with reference to the shape in the increasing transition area). Furthermore,

the fracture toughness level at the reference temperature is at 59 MPa4m according to the KTA /
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ASME Kl,,-curve allowing a direct quantitative comparison with the reference temperature RTNDT-

The resulting procedure by defining the reference temperature as RT = To 45 K is very similar to

the procedure of the ASME Code Case N-629 6], however the ASME Code cases (RTTO To 19.4

K) covers instability where the proposed MPA curve covers initiation.
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.................. I...............................
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4) IN ............. ------------------ .........

.2 C
0 10i
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-300 -200 -100 0 100 200 300
T - To K

Eig,_g: evaluation curves for crack initiation, adjusted to To

An additional modification and simplification can be obtained (Step 3 of the evaluation concept), if

instead of the experimentally determined To using fracture mechanics specimen the correlation

between T28j and To is to be employed as e.g. in EC3 and SINTAP. In contrary to SINTAP, where a

mean value (50%) consideration of instability values K, (transition) and technical crack initiation

values JO.2 is done, here a statistically based curve is available with the character of safeguarded

crack initiation values. Because of its modified approach to this curve it is to be evaluated with an

increased safety factor as against Fig. 8. However, it represents a sufficient approximation for many

practical applications.

5 Example of Application

In the public literature it is simple to find large data sets for instability values which allow to compare

instability based procedures to large data sets. However, due to a very limited availability of

consistent data sets of initiation values it is difficult to compare the initiation based approaches to

many available experimental data. A large data base of initiation values thus has been produced in a

recent research project performed at MPA Stuttgart, 14].

In this research project various fracture mechanics specimens with different shape, size and crack

configurations have been taken from a segment of an original PWR-RPV produced in original
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technology (material 22 NiMoCr 37 including all steps of the RPV manufacturing including cladding

process and heat treatment processes, wall thickness 250 mm).

Fim 9 shows the initiation values Kj of the investigated fracture mechanics specimens versus

temperature. A continuous course from lower shelf to transition and upper shelf level can be seen.
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2: 22 NiMoCr 37, Kli-values from 14]

The comparison of the initiation values with the assessment curve according to step jKlooinit

based -2s curve) of the MPA assessment procedure is shown in fg:-12 demonstrating the accuracy

of this method in the whole temperature range. All initiation values are covered by this assessment

method without too large conservatism.
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Fin. 10: Initiation assessment curves based on TKI001nit and CV (upper shelf) in comparison to
experimental Klj-values
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Fig. 1 1 shows the application of the ASME Code Case 6 procedure to the instability data as

produced in 14]. As expected the instability values K, as per ASTIVI E1921 [81 are above the curve

adjusted at the reference temperature RTT = To 19.4 K and demonstrate the feasibility of the

ASIVIE Code Case 6] procedure to cover instability values in this case.
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Fig. 12: Comparison of ASME Code Case curve 6] with initiation data from 14]

Fig. 12 shows a comparison of the ASIVIE Code case curve adjusted at RTT = T19.4K (which

has been considered up to now in combination with instability values KiJ with initiation values K1j It

can be seen from this figure that this curve adjusted at To (instability based) 19.4 K in this case

even envelopes the initiation values. However, this holds for the actual data base but can not be

generalized according to other data sets of MPA.

As mentioned the basis of the MPA approach is to assess the initiation values K, also in step 2 of

the procedure. If this has to be done using instability based To values in cases, when only the

instability based To-values are available, the assessment curve has to be adjusted at a temperature

RT = To 45 K according to previous MPA results. The application of this procedure to the new data
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set generated in 14] is shown in fig. 13. It can be seen from this result that this procedure is verified

as conservative also with this new data set. It turns out very clearly the determination of initiation

values Klj should be the preferred way in order to reduce too high conservatisms which may be

consequence of focusing only on the cleavage instability values Kjc.
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Fig.13: Comparison of the instability based assessment curve (step 2 of MPA procedure)
with initiation values Ku

6 Summary

Statistical evaluations of existing data for fracture mechanics characteristics make it possible to

prove assessment parameters as a basis for safety related component assessments. Various

modified assessment methods were discussed against the background of the required safety

margins. It could be shown that in defining the safety margins to be used in the calculation as an

essential parameter it has to be checked whether the component evaluation safeguards crack

initiation or component instability. A proposal was made to standardise the derivation of fracture

mechanics initiation values over the whole temperature range of fracture toughness from lower shelf

up to the fracture toughness upper shelf.
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Abstract

A ew correlation method to predict neutron irradiation embrittlement of reactor pressure

vessel (RPV) materials of Japanese nuclear power plants is developed based on the

understandings of the embrittlement mechanisms. A set of rate equations is constructed to

describe the inicrostructural changes in the RPV materials during irradiation. Forination of

copper-enriched clusters (CEC) and matrix damage (MD) are considered as the two primary

causes of the embrittlement. Not only the effects of chemical compositions, such as copper

and nickel, and neutron fluence, but also the effects of irradiation temperature as well as

neutron flux are formulated in the rate equations to describe the evolution of CEC and MD.

Transition temperature shifts corresponding to the microstructural changes are calculated

using the predicted number densities of the CEC and MD. Coefficients of the rate equations

are optimized using the Japanese surveillance database with a specific attention to reproduce

the embrittlement trend of each material of the Japanese RVs. The standard deviation of

12.1'C of the current Japanese correlation method, JEAC 4201, is reduced down to 10.6'C in

the proposed new correlation method. Possibility of adjusting the uncertainty in the initial

transition temperatures is discussed.
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1. Introduction

Accurate prediction of neutron irradiation embrittlement of reactor pressure vessel (RPV)

materials of light water reactors is very important in assessing the structural integrity of RPVs.

The current embrittlement correlation for the transition temperature shift of the Japanese RPV

materials, JEAC 4201[l], was issued in 1991, where the correlation equations consists of a

chemistry factor multiplied by a fluence factor as in the case of US NRC Regulatory Guide

1.99 Rev.2 2 he equations were developed primarily based on the understandings on the

embrittlement in early 1980's and on the statistical analyses performed on the surveillance

data at that time. Surveillance data as well as experimental data obtained by irradiation in a

material test reactor (MTR) were used to determine the coefficients of the Japanese

correlation equations.

On the other hand, over more than ten years, extensive efforts have been devoted world

wide to understand the embrittlement mechanisms. Advanced techniques on microstructural

observation of the nano-meter scale features as well as theoretical computer simulations in

atomistic scale have enabled us to characterize the inicrostructural changes during irradiation

and effects of material and environmental variables on the embrittlement.

Mechanistically-guided correlation equations were developed in the US based on such recent

understandings[3 4.

In Japan, additional surveillance data have been compiled since 1991, which now enables

us to re-evaluate the embrittlement correlation method without using the irradiation data in

MTRs. In addition, the recent policy of Japanese electric utilities, that they plan to continue to

use nuclear power plants for longer time period, requires ensuring the structural integrity

during such extended operation life, wich further requires accurate predictions of

embrittlernent of RPV materials with relevant scientific basis.

The Japanese electric power utilities started a project in 2002 with Central Research

Institute of Electric Power Industry (CRIEPI) to develop a new embrittlement correlation

method for the Japanese RPV materials based on the state-of-the-art understandings on the

embrittlement mechanisms as well as using the most recent surveillance data of the

commercial reactors in Japan. This paper describes the outline of the draft embrittlement

correlation method as of August 2004. The Japanese surveillance database used in the work is

reviewed in Chapter 2 The embrittlement correlation models are summarized in Chapter 3,
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followed by the formulation of the new embrittlement correlation method in Chapter 4 The

evaluation of the new method is presented in Chapter 5, and the conclusion is given in

Chapter 6.

2. Review of Japanese surveillance database

We have 23 PWR plants and 29 BWR plants, 52 plants in total, in Japan. Surveillance

tests have been performed in 51 plants. The maximum neutron fluence is about 6xlO'9 n/cM2

(E>lMeV). BWR plants have two ypes of surveillance capsules: one is located near core

region with higher flux to irradiate the surveillance materials to the end-of-life fluence in a

short time period, and the other is located on the RPV inner walls where the flux is low. We

have 125 irradiated data for BWRs, and 126 irradiated data for PWRs. The numbers of data

for base metals and welds are 139 and 112, respectively. Data for HAZ are not included in

these numbers. In general, copper content in the Japanese RPV materials is low: most of the

RPV materials have copper content less than 0.2wt%. On the other hand, nickel content is

relatively high, and there is no RPV materials which have nickel content less than 0.5wt%.

Phosphorus content is also low, but there is a clear correlation that phosphorus content is

almost proportional to copper content.

The surveillance tests have been performed and evaluated in different institutes between

BWRs and PWRs, and there is slight difference in the evaluation procedures of transition

temperature between the institutes. Therefore all the raw data of the Charpy tests were first

re-analyzed in this project using a unified procedure to maintain the consistency of the

transition temperature database. An asymmetric hyperbolic tangent function with the form

E = (USE + LSE) + (USE - L SE) tanh T-Co (1)
2 2 CIT+C2

is fitted to the raw data, where E is the Charpy absorbed energy, USE and LSE are the upper

and lower toughness energies, T is the test temperature, and Co, C1, C2 are the fitting constants,

respectively. Comparison between the numbers obtained in te surveillance test programs and

this study shows that the standard deviation of the difference between the two datasets is only

3. 1 'C, indicating no bias in the transition temperatures obtained at different institutes, and the

combined use of the surveillance data reported by different institutes is validated.
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3. Considerations on the embrittlement mechanisms

3.1 Hardening embrittlement

It is well accepted that embrittlement is primarily caused by copper-enriched clusters,

CEC (or copper-rich precipitates, CRP), matrix damage, MD, and phosphorus segregation at

the gain boundaries. The first two cause hardening of the materials, while the phosphorus

segregation at gain boundaries does not. Although the segregation of phosphorus is observed

experimentally even in relatively low posphorus content materials [5], tere is no clear

evidence that fracture occurs at such gain boundaries in low phosphorus Japanese RPV

materials. Therefore we consider that the irradiation embrittlement of the Japanese RPV

materials is caused by hardening due to formation of the features such as CECs and MDs.

This means that characterizing the nature of the features as obstacles to dislocation motion is

essential to understand their contributions to embrittlement.

Regarding CEC, we assume a model that CECs are not produced by enhanced diffusion of

solute elements due to irradiation, but are induced by irradiation. We consider a possibility of

segregation of solute atoms to nucleation sites produced by displacement cascades. One of the

bases for this model is the common observation that the size of CEC produced by irradiation

always stays between 2-3nin in diameter 6 Contrary to this observation in irradiated

materials, copper precipitates formed during then-nal ageing can easily grow to larger sizes,

suggesting a possibility that the mechanism of CEC formation under irradiation can be

different from simple diffusion of solute atoms by vacancy mechanism. Detailed

characterizations of CEC structures formed during thermal ageing and neutron irradiation by

3D atom probe show that the copper atom concentration differs in CECs formed under

different conditions 7 i.e. CECs formed by neutron irradiation have lower copper

concentration than those by electron irradiation. There is a possibility that displacement

cascade plays a role to cause this difference.

There is no firm consensus on the nature of MD. Possibilities are vacancy clusters,

dislocation loops and defect-solute complexes. Positron annihilation lifetime measurements

show that no long lifetime component is detected in the RPV materials irradiated at operating

temperatures around 290'C [8]. Also, the response of positron annihilation during post

irradiation annealing does not match the recovery of hardness, suggesting that vacancy type

defect is not responsible to the hardening[9]. There is TEM observations indicating that the
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MD formed during neutron irradiation in iron and ferritic steels is a dislocation loop primarily

of self-interstitial atom (SIA) type 10,6]. This observation is consistent with computer

simulations using molecular dynamics, where SIA loops are readily formed during

displacement cascades[ I I]. Therefore we take this in our embrittlement model.

Recent US embrittlement correlations assume that CEC (or CRP) and MD grow

independently. Contribution of MD term to total embrittlement is always the same regardless

of the amount of CRP contribution. However, the above considerations result in such a model

that the growth of CEC and MD is no longer independent. Displacement cascades can be the

sources of both MD and CEC, and the growth of CEC may suppress the growth of MD in

copper containing materials.

3.2 Effect of solute elements

Effect of solute elements is also important to be identified. Copper and nickel are now

well known to contribute to the embrittlement. Copper atoms contribute to the embrittlement

through the formation of CECs. Synergetic effect of nickel with copper 121 is also well

accepted and is considered in the current correlation methods. This is supported by 31) atom

probe observations [5], where nickel atoms are identified to be located around copper core to

form a nickel shell. So nickel contributes to embrittlement via CEC formation. In addition to

this, however, nickel is known to enhance hardening by irradiation in the materials with no

copper 13], and the increase in number density of SIA loops with nickel content is reported

[I 4]. These experimental results show that the MD contribution is also affected by nickel, and

this is included in our model.

31) atom probe observations show that CEC consists of Cu, Ni, Mn, and Si. However, we

do not see any clear dependence of embrittlement to Mn and Si contents in the Japanese

surveillance database, and no rational model exists about the effect of Mn and Si. JEAC 4201

is only the correlation that includes Si term in the chemistry factor for welds with negative

coefficient. In the Japanese database, high Si materials tends to have very low Cu content, and

we can not separate the effect of Cu when we consider the effect of Si to CEC formation.

Phosphorus is another element that is known to contribute to embrittlement. In the

Japanese database, there is a strong correlation between copper and phosphorus contents as

described in section 2 So, we do not consider the effect of phosphorus in our model.
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3.3 Effect of flux

Recent effort to discuss the effect of flux has reached consensus that there is an effect of

flux in copper containing materials irradiated at low flux and in all the materials irradiated at

high flux in MTRs. We do not need to care about the effect of high flux when we consider the

embrittlement of commercial RPV materials. Flux effect is considered in the recent

correlation developed by US NRC as a term of irradiation time in the CRP contribution 3].

However, recent analysis of the US surveillance data shows that even the NRC model is still

not sufficient to describe the BWR irradiation data [ 1 5]. One explanation for the effect of low

flux is the contribution of thermal vacancies[16]. Atomistic-level computer simulation 17]

shows that at a given dose there is no flux effect on the number of vacancy jumps, which is a

measure of solute diffusion, at fluxes below a threshold value, but on the other hand, the

number of jumps of thermal vacancies dominates at low fluxes where time to reach to the

given dose becomes very long. Another observation of the surveillance material irradiated at

very low flux by coincidence Doppler broadening (CDB) measurement of positron

annihilation shows that the CDB response is much closer to that of pure copper than that of

the material irradiated at much higher flux 18]. This suggests that the form of CEC may be

affected by the low flux irradiation, resulting in the change of obstacle strength of CEC In

our model, therefore, we consider the effect of flux on Cu diffusion and the nature of CEC.

No flux effect is considered in the MD fon-nation.

3.4 Effect of temperature

The irradiation temperatures of surveillance materials differ between BWRs and PWRs by

about 1'C in Japan, and the differences affect the embrittlement. Jones and Williams

proposed an F coefficient, which is a linear function of temperature, to consider the

temperature effect on MD. Temperature effect is also considered in the US NRC and ASTM

correlations, where an exponential function of the reciprocal of temperature is used. Computer

simulation of the effect of temperature on the formation of point defect clusters suggests that

both of the approaches may describe the effect of temperature in such a small temperature

range, but the Jones' FT coefficient provides more consistent description of the temperature

dependence of both vacancy and interstitial clusters [ 1 9].
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3.5 Partitioning of the contributions of CEC and MD in total amount of embrittlement

When we know the separate contributions of CEC and MD to embrittlement, we have two

extreme models to integrate the contributions into the total embrittlement. When the obstacle

strength of CEC and MD is very different, then the total embrittlement is a simple sum of the

two contributions. When the strength is similar, then the total embrittelement is a square-root

of the sum of the two contributions squared. So, for the selection of the form of te

correlation equation, the information on the relative strength of CEC and MD is essential,

which is unfortunately not well known yet at present time. Nevertheless, the international

exercises to date show that a linear sum formulation works well to the embrittlement database,

and we adopt this model as well.

4. Development of an embrittlement correlation model

4.1 Modeling of microstructural changes due to irradiation

We take a two-step modeling approach to develop a new correlation method, where the

microstructural changes due to irradiation are modeled in the first step, and then the

corresponding mechanical property changes are modeled in the second step. For the first step

modeling, we formulate the above considerations into a set of rate equations as follows:

OCCEC 2
- �- DcII-CcI,-(l+V1-ATi)) (CMD + E) (2)

at

aCMD 2 .(I 9. Ni)2-0-aCCEC
at at (3)

acc. VCEC aCCEC (4)
at at

VCEC (O'DCu CCuavail trelax + =V�, Dcl 'CCuavail' (5)
0

.DCzI DCrithermal+ DCujrrad =DCuahermal + 0)'O (6)

where t is the irradiation time, CcEc and CmDare the number densities of CEC and MD, Ccu

and CCuavajj are matrix coper content and copper content available for cluster formation, Ni is

the bulk nickel content, FT is the Jones' FT coefficient, is the neutron flux, vEc is the

amount of copper contained in one CEC, is a relaxation time to be explained later, Dc, is

the dffusivity of copper, Dcuthermal and Dcuimdare the diff-usivities of copper due to thermal

vacancies and irradiation-induced vacancies, respectively. All the Greek characters except for
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0 are constants to be optimized for the database. Dependent growth of CEC and MD is

formulated in equations 2) and 3).

We define different copper contents in our modeling: matrix copper content, Cc,, copper

content available for cluster formation, Ccaajj, and, later on, Cc,,,,jj before irradiation,

CC.',,ajj,0. Maximum matrix copper content is determined by the post weld heat treatment of

the RPV materials during fabrication process. We set tis value to be 0.22wt.%. On the other

hand, it is widely accepted that there is a threshold copper content below which copper atoms

do not contribute to the formation of CEC. This value corresponds to the solubility limit of

copper in the materials. The US models assume 0.072wt.%, and JEAC 4201 assumes

0.05wt%. In our model, we assume 0.055wt.%. The copper content available for cluster

formation is the matrix copper content subtracted by the threshold copper content.

Relaxation time, is included in the formulation of the amount of copper per CEC.

This variable is introduced based on the following considerations. If there is one nucleation

site in the material, all the copper atoms beyond the solubility limit will agglomerate there

during a sufficiently long relaxation time. However, if new nucleation sites are introduced

nearby afterwards, then some portion of the copper atoms will go to the new nucleation sites,

and this will affect the amount of copper atoms that can agglomerate to one CEC. The most

simple approximation of t,,,, is to take t,,, to be proportional to the reciprocal of flux .

Copper diffusivity consists of two part: diffusion due to thermal vacancy and diffusion

due to irradiation-induced vacancy. The former is a constant. The latter can be taken

proportional to flux when the flux is below a threshold value, beyond which flux effect due to

2recombination dominates. Since the values of range from about 109n/CM (E> I MeV) for

BWRs to about 1011n/cm2 (E>lMeV) for PWRs, relative value of Dcuthermal to Dcuirrad

changes drastically between the different irradiation conditions.

4.2 Modeling of mechanical property changes

The next step is the modeling of mechanical property changes corresponding to the

predicted microstructural changes. Our model is as follows:

A T,,' = a (7)
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a=ao-log a(I+X-Ni)-CC�,,,.i1,0'Dc, - I + a2 (8)
0

A T,,, IC-,- (9)

AT = ATcEc + ATuD (Io)

where ATCECATMDand AT are the transition temperature shifts due to CEC and MD and the

total transition temperature shift, Cc,,,jj,0 is the initial amount of Cu beyond the solubility

limit, a andflare the strength of CEC and MD as obstacles to dislocation motion, respectively.

The nature of CEC determines the strength of CEC, and we develop a model for the strength

of CEC as shown in equation (8). The strength, A for MD is taken to be constant in our

current model.

All the coefficients are optimized using the surveillance data of the Japanese RPV

materials. Conventionally such optimization has been done by regression analyses, where the

sum of the prediction errors squared is minimized. In our approach, however, we perform

manual optimization where, in addition to make the difference between the predicted and

measured values small, we focused on reproducing the embrittlement "trend" of each material

by our new correlation method. Reproducing the embrittlement trend is the requested

capability for the new correlation to predict the end-of-life embrittlement with confidence.

One set of coefficients which is applicable to all the plants is determined.

In summary, the embrittlement correlation proposed above is based on a new approach,

where rate equations are formulated to describe the microstructural changes. The model is a

function of copper and nickel contents, neutron fluence and flux, and irradiation temperature.

The model is common to PWRs and BWRs, and also common to plate, forging and weld.

5. Evaluation of the new correlation method

Transition temperature shifts measured in the surveillance tests of the Japanese RPV

materials are compared in Fig. I with those calculated using the present correlation method,

hereafter CRIEPI correlation method, and the other correlation equations. The scatter band of

the CRIEPI correlation is the narrowest. Te standard deviation of the difference between

measurements and predictions are summarized in Table 1. JEAC 4201 give a standard

deviation of 12.1'C, while the CRIEPI correlation method gives a value of 10.2'C. This value

is the smallest among all the correlations. In order to compare the prediction characteristics,
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we plot the error of the JEAC4201 and ASTM E900-02 predictions against the error of the

CRIEPI correlation method as shown in Fig. 2 If the prediction capability is the same

between the two correlation methods, then the plots should lie on a diagonal line. The plots of

the comparison with the JEAC 4201 predictions show wide scatter, showing that the two

correlation methods are different in prediction caracter. On the other band, in the comparison

with the ASTM E900-02 prediction, we can see two trends. One is that there is a group of data

that are located very close to the diagonal line. These data are primarily of low copper

materials, and the two correlation methods have similar prediction capability for a certain type

of materials. The second observation is that the plots are a little bit biased toward the

upper-left area, which means that the prediction of shifts by ASTM E900-02 is conservative

for the rest of the materials compared with the CRIEPI correlation method. The prediction

characteristics of ASTM E900-02 and the CRIEPI correlation methods are further compared

in Fig.3 (a) and (b). Fig. 3(a) shows the contributions of CEC, solid lines, and MD, broken

lines, of the CRIEPI correlation method for three different materials containing different

amount of copper. Also, Fig. 3(b sows the contributions of CRP ten-n, solid lines, and SMD

term a broken line. Partitioning of total embrittlement into CEC and MD is very similar in

both correlation methods. The absolute values of MD of CRIEPI correlation and SMD of

ASTM E900-02 correlation become very similar when the copper content is very small as

shown in Fig. 3 General tendencies of CEC and CRP contributions are smilar, but the CRP

of ASTM E900-02 increases more rapidly at low fluences and it tends to saturate earlier than

the CEC of CRIEPI correlation.

Effect of flux in the material with medium copper content of 0.15wt.% irradiated in the

BWR conditions is shown in Fig. 4 The ASTM E 900 correlation, the US NRC correlation

and the CRIEPI correlation at a high flux give very similar predictions, but the CRIEPI

correlation at a low flux predicts higher embrittlemen than the other three. This tendency of

larger shifts at lower fluxes agrees very well with the BVVR surveillance data for the copper

containing RV materials. To verify the CRIEPI correlation model at the low flux, the change

of the predicted matrix copper content is compared with the 3D atom probe measurements

[20] as shown in Fig. 5. The predicted matrix copper content agrees well with the measured

value wen we consider the uncertainties in te measurements.

As is described in section 32, effect of posphorus is difficult to separate in the Japanese
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surveillance data because there is a correlation between the copper and phosphorus contents in

the Japanese RPV materials. Since, the CRIEPI correlation assumes that there is no effect of

copper in the RPV materials whose copper content is less than 0.055wt.%, the model

assuming that there is no effect of phosphorus on MD can be tested using the data of low

copper materials. Fig. 6 shows the effect of phosphorus content on the error of the CRIEPI

predictions in low copper and low phosphorus materials. No clear dependence of the

prediction error on the phosphorus content is observed, and our model is verified for the low

copper and low phosphorus materials. It should be noted that effect of phosphorus may exist

in high copper and high phosphorus materials, but we can not separate the effect in the

Japanese surveillance database. The best we can say is that it may be considered implicitly in

the contribution of copper during the process of coefficient optimization.

In order to verify the prediction capability at long time operation, prediction error is

plotted against fluence as shown in Fig. 7 Regression analysis shows that mean value of the

error becomes about 8C at the fluence of I x I 0"n/cm' (E> I MeV), indicating that the CRIEPI

model captures the dependence of embrittlement on the fluence properly. Similar plot on the

effect of flux is also plotted in Fig. 8. The horizontal axis is taken in log scale. No bias is

observed at different fluxes, and the effect of flux is again appropriately considered.

Finally we discuss the uncertainty in the transition temperatures determined by Charpy

impact tests. The validity of the determination of transition temperatures is checked in

Chapter 2 Nevertheless, we should be aware that tere is a certain amount of uncertainties in

the transition temperatures. This is especially true in the transition temperatures of the

unirradiated materials because it is a general observation tat te scatter of the Charpy raw

data of unirradiated materials is larger than that of irradiated materials. On the other hand,

during the optimization process of the coefficients in the rate equations, we noticed that the

differences between the measured shifts and the predicted shifts at different fluences are often

very similar in the same material. This suggests tat there is a possibility that the differences

are primarily caused by the uncertainty in the initial transition temperature, and leads us to a

concept of adding a constant "offset" value, either positive or negative, to make a plant

spec c adjustment on te prediction values. In order to check the validity of this idea, we

show in Fig. 9 the statistics of the offset values determined for all the surveillance materials.

Normal distribution with a standard deviation of 5.5'C and a mean value of zero well
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describes the distribution of offset values. Predicted shifts with offset are compared with those

without offset and te JEAC 4201 predictions as sown in Fig. I . The scatter of te data

adjusted by offset becomes very narrow compared with the other predictions. The standard

deviation of the error of the offset-adjusted predictions is only 6 VC as shown in Table .

6. Conclusions

A new embrittlement correlation method for the Japanese RPV materials was developed.

A set of rate equations was developed based on the recent understandings of the embrittlement

mechanisms. The coefficients of the rate equations were optimized so that the correlation

captures the embrittlement "trend" of each RV material. The developed correlation is

common to PWRs and BWRs and is also common to plates, forgings and welds. The overall

standard deviation of the differences between the surveillance measurements and the

correlation predictions was reduced from 12. VC of the current Japanese standard, JEAC

4201-199 1, to 10.60C A new concept of a plant specific "offset" value was proposed for plant

specific adjustment. The concept is besed on the evaluation and considerations of the

uncertainties of initial transition temperatures. This offset adjustment has a capability of

further reducing the standard deviation of prediction error down to 6 'C.

Acknowledgement

The authors would like to thank Prof N. Sekimura, Mrs. R.G Carter, S. Rosinski and W.L.

Server, Drs. R. Lott and C.A. English for their fruitful discussions and comments on the

embrittlement correlation. The authors would also like to thank Hokkaido Electric Power

Company, Tohoku Electric Power Company, Hokuriku Electric Power Company, Tokyo

Electric Power Company, Chubu Electric Power Company, Kansai Electric Power Company,

Chugoku Electric Power Company, Shikoku Electric Power Company, Kyushu Electric Power

Company, The Japan Atomic Power Company and Electric Power Development Company for

their support to this research project.

References

[1] Japan Electric Association Code, JEAC 4201-2000: "Method of Surveillance Tests for

Structural Materials of Nuclear Reactors," Japan Electric Association, Tokyo, 2000.

[2] Regulatory Guide 199 Revision Z "Radiation Embrittlement of Reactor Vessel



- 313 -

Materials," Office of Nuclear Regulatory Research, U.S. Nuclear Regulatory

Commission, Washington, DC, May 1998.

[3] E D Eason, J E Wright and G R Odette, "Improved Embrittlement Correlations for

Reactor Pressure Vessel Steels", NUREG/CR-655 1, Nov. 1998.

[4] ASTM E 900-02, "Standard Guide for Predicting Radiation-Induced Transition

Temperature Shift for Reactor Vessel Materials, E706 (1117)," Annual Book of ASTM

Standards, Vol. 12.02 American Society for Testing and Materials, West Conshohocken,

PA.

[5] R.G. Carter, N. Soneda, K. Dohi, J.M. Hyde, C.A. English, W.L. Server,

"Microstructural characterization of irradiation-induced Cu-enriched clusters in reactor

pressure vessel steels," J. Nucl. Mat. 298 2001) 21 .

[6] J.T. Busswell, P.J.E. Bischler, S.T. Fenton, A.E. Ward, W.J. Phythian, "Microstructural

developments in neutron-irradiated mild steel submerged-arc wed metal," J. Nucl. Mat.

205(1993)198.

[7] P. Auger, P. Pareige, M. Akamatsu, D. Blavette, "APFIM investigation of clustering in

neutron-irradiated Fe-Cu alloys and pressure vessel steels," J. Nucl. Mat. 225 1995)

225.

[8] M. Vallo, R. Krause, K. Saarinen, P. Hautoja rvi, J.R.Hauthome, "Irradiation response

and annealing behavior of pressure vessel model steels and iron ternary alloys measured

with positron techniques," ASTM STP II 25 1992) 172.

[9] S. Ortner, M. Hutchings, D. Anderson, to be published.

[10] A.C. Nicol, M.L. Jenkins, M.A. Kirk, "Matrix Damage in Iron," Mater. Res. Soc. Symp.

Proc. 6500 2001) RI.3.1. Jenkins

[I ] A.F. Calder, D.J. Bacon, "A molecular dynamics study of displacement cascades in

a-iron," J. Nucl. Mat. 207 1993) 25.

[12] J.R. Hauthome, "Significance of nickel and copper content to radiation sensitivity and

postirradiation heat treatment recovery of reactor vessel steels," ASTM STP 782 1982)

375.

[13] G.R. Odette, G.E. Lucas, "The effect of nickel on irradiation hardening of pressure

vessel steels," ASTM STP 1046 1990) 323.

[14] H. Shibamoto, T. Kitao, H. Matsui, M. Hasegawa, S. Yamaguchi, A. Kimura, "Effect of

nickel on irradiation hardenin and microstructure evolution of proton irradiated Fe-Cu

alloys," ASTM STP 105 2001) 722.

[15] W.L. Server, R.G. Lott, S.T. Rosinski, "Assessment of U.S. embrittlement trend



- 314 -

equations considering the latest available surveillance data," PVP conference 2004).

[161 G.R. Odette, G.E. Lucas, D. Klingensmith, "Anomalous hardening in model alloys and

steels thermally aged at 29OoC and 35OoC: Implications to low flux irradiation," ASTM

ATP 1325 1999) 88.

[17] N. Soneda, S. Ishino, A.. Takahashi, K. Dohi "Modeling the microstructural evolution in

bcc-Fe during irradiation using kinetic Monte Carlo computer simulation," J. Nucl. Mat.

323(2003)169.

[18] M. Suzuki, Y. Nishiyama, T. Tobita, K. Onizawa, Y. Nagai, M. Hasegawa, "Effects of

dose rate on the irradiation embrittlement of reactor pressure vessel steels," in

Proceedings of 5 th International Workshop on the Integrity of Nuclear Components,

April 2004, 147.

[19] N. Soneda, A. Takahashi, K. Dohi, S. Ishino, "Modeling of temperature effect on the

formation of matrix damage in bcc-Fe: Combined MD and KMC study," to be presented

in the 2nd international conference on Multiscale Materials Modeling, Los Angels, 2004.

[20] "Microstructural characterization of reactor pressure vessel steels - Series 3 Interim

Report2," EPRI 1003530, CRIEPI T980206 2002).

Table I Comparison of the standard deviation of several correlation equations

ATr3 - ATr3 - ATr3 -
Data Set ATr3O - JEAC RG1.99 ATr3 - EWO ATr3 - E900 Present (Present method

(deg Q (deg (deg Q (deg Q method +Offset)
(deg (deg Q

PWR and BWR plants 12.1 15.8 10.8 12.0 10.2 6.1

Selected PWR and BWR plant 12.5 16.6 11.2 12.5 10.6 6.5

PWR plants 13.3 18.9 11.9 13.4 11.3 5.0

Selected PWR plants 13.8 20.1 12.5 14.1 11.7 5.4

BWR plants 10.8 11.4 9.6 10.4 8.9 7.0

Selected BWR plants 11.1 11.8 9.9 10.8 9.1 7.4

Base metals 11.2 11.4 10.1 11.4 10.6 6.7

Welds 12.5 18.0 11.7 12.6 9.7 5.3

"Selected" means that plants which have only one surveillance data are not included.
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Introduction

In the case of linear elastic material behaviour the fracture mechanics loading of a

crack is defined by the stress intensity factor K1. In the case of non linear ductile ma-

terial behaviour the J-integral is used to quantify crack tip loading /l/. Both parame-

ters were derived theoretically from a crack in an infinite plane. Appropriate adjust-

ments have to be made to experimentally determine the characteristic values on

small scale specimens. These adjustments are included in appropriate codes and are

taken into account with the help of validity limits of the characteristic values deter-

mined. For this reason characteristic values can only be applied to assess fracture

mechanics behaviour of a component if the stress state of the specimen and the

component are equal. For general use appropriate criteria have to be determined.

This is achieved using an additional parameter quantifying the stress state by multi-

axiality. In this paper the parameters T-stress, Q and the multiaxiality quotient q are

used.

Values characterising multiaxiality of the stress state

T-stress

This parameter was first proposed by Williams 2 It characterises the difference

between the stress state of a finite specimen and the theoretic result of an infinite

plate in the case of linear elastic material behaviour:

0-ii �__ KI fu (0) + T91i,51j (1)r-v2�

T is a constant stress parallel to the crack plane. In the case of simple geometries T

can be calculated by K, using the biaxiality ratio P /l/. In the case of complex geome-

tries numerical methods have to be used.
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Latterly the parameter T is divided by the actual material yield stress Go to get a non-

dimensional value. The parameter is limited to linear elastic material behaviour due to

the derivation.

Q-Parameter

Parameter Q defines the deviation of the current stress state from a reference solu-

tion, e.g. HRR-field which presumes non-linear elastic material behaviour 3/:

(Tj = (au LR + C)Uog'J (2)
The current stress state is determined using the Finite Element Method. The parame-

ter Q is usually determined by the crack opening stress component Y at the position

(2-5)*J/ao. This position is quite near to the crack tip and therefore requires a mesh

with very small elements around the crack tip. The local evaluation at the position

between (2-5)*J/cFo in front of the crack tip supplies a value representing the behav-

iour of the component. The suggested evaluation position, however, depends on

loading. Besides of the HRR-solution also additional numerical reference solutions

from simulating a small strain yielding situation are used. Negative values of T and Q

stand for a loss of constraint.

Multiaxiality quotient q .

The theoretical background of the multiaxiality quotient q is based on the materials

mechanics context that shear initiates shear fracture and tension initiates cleavage

fracture. If the stress state is multiaxial the representative shear stress could be the

von Mises equivalent stress, which is in principal stresses

V� � )2 )2 U3 _ CI)lU j�2 _ 3j, - VU1 - U2 + (0r2 U3 (3)
,F2

and the representative tensile stress could be the hydrostatic stress

J, U1 +U2 0_3
am --- (4)

3 3

where J is the first and J2 the second invariant of the stress tensor.

On this basis the multiaxiality quotient q was first defined by Clausmeyer A/ and con-

siders consequently the interaction between shear as well as tension initiating shear

and cleavage fracture. The multiaxiality quotient q is therefore calculated from the

invariants of the stress tensor A/
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q = �3(1-3J`2 / J]2 (5)
-v'3 ,,,

and is according to the above mentioned connection a quotient of equivalent stress

and hydrostatic stress. The example of the hydrostatic stress state where = and

therefore q = indicates the highest possible degree of multiaxiality or constraint for

which shear processes are restrained. The quantification of the transition from shear

fracture to cleavage fracture is one of the major questions in the safety analysis of

components. This is now possible with q. Appropriate q values can be defined on the

basis of Sandel's fracture criteria /5/ which is a closed representation of failure possi-

bilities. This representation covers shear and cleavage fracture up to hydrostatic

stress state in the form of

(Te ((Y" C V3 (I - n) o,2 + 2 n) T2 (6)
r

with

n= 2v(2 - v) Tr= Fj2 - V20, 0- =,
1 22 3

and v the Poisson's ratio. In the case of the hydrostatic stress state is 71= G2= 73and

therefore - = and am = a,. Under these conditions failure occurs as cleavage frac-

ture if al reaches the material specific cleavage fracture strength yfc. The general

fracture criteria 6) result in

Cre = af, 3(1 -- n) (7)

In this case of hydrostatic stress state the limiting stress is the cleavage fracture

strength afc. The failure process in the component is locally initiated by brittle fracture

in regions where this limiting stress is reached by the first principal stress. With this

Sandel's fracture criteria 6) can be reformulated as

2 2

a. 2+n Z-r+ . - =1 n (8)
1TfC 3 (I - n) af,

In Fig. this condition of fracture is complemented by the yield criteria r = CFand is

plotted in Hencky's presentation, normalised by yf_. The admissible shear strength F

is connected with the usual yield strength by = R, /3.
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Fig. 1: Sandel's fracture criteria in Hencky's presentation. The lines indicate
special stress states

In this diagram q = rlo-m represents the stress states in form of the slope of straight

lines starting from the origin. It becomes evident that stress states are possible with-

out any plastification, even before reaching the hydrostatic stress state. This limit can

be specified by the critical multiaxial quotient qc . The critical q-value qc can be deter-

mined using the criteria of the evaluation of Kjc-values. Plane strain condition 3 = )

and only a very limited plastification should be in the specimen according to the

ASTM-Standard E399 6/. In this case the stress distribution is valid in the vicinity of

the crack tip, as given in the first term of eq. (1). For this condition the qc value be-

comes

,F3 I - 2
qc= =0.27 (9)

2 + V

with v = 03 which represents linear-elastic conditions. It is assumed that plastic flow

is suppressed at stress states with q < qc. The other limiting stress state is the plane

stress state. In this case plastic flow could occur without any limitation and is charac-

terised by

,[3
= 0.87 ( 0)

2
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On this basis of materials mechanics the stress states can also be quantified for

cracked structures.

The distribution of the stresses in the crack section depends on material behaviour

and loading, qj, and is similar for specimens and components, in principle. Usually

there is a two dimensional stress state at the crack tip surface and a three dimen-

sional stress state in front of the crack tip /. In this region, void growth starts due to

the reduced deformation capability, Fig. 2 This region with a size of about (2-

5)J/RPO.2 is therefore not suited to describe differences in the behaviour of specimens

or components.

Z ZAL

-2 0 AS -1.0 .0.5 0.0
0.400

6Z

OX5

0450

CYZ

0.32S

R., F-F

- a As -to -0.5 0.0

Distance from crack tip I mm

$

19Y

GX

Y

elastic plastic

Fig. 2 Distribution of stresses in the ligament for elastic and elastic-plastic ma-
terial behaviour (left); quotient of multiaxiality q ahead of the crack tip
(FE results, upper right graph) and development of failure (microstructu-
ral investigations show initiation at crack tip and void growth ahead of
crack tip, lower right picture) of a large scale DENT specimen (2W=200
mm, 13=600 mm)

If crack initiation starts from the crack tip surface, the crack characteristic initiation

value cannot be influenced by the stress multiaxiality due to the two dimensional

stress state. The impact of the stress state in a distinct region of the ligament controls

the fracture behaviour of components. To predict different behaviour of specimens
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and components it is necessary to determine the change of the multiaxiality quotient

in the crack section. As a result of numerous investigations a representative range for

analysis of the stress state was derived. This range is given by either < r < [0.3(W-

a)] or < r < r(q=0.87)], see eq. (IO), whatever is less. The extensive investigations

showed also that the analysis region ri has to be transferred from the small specimen

to the component in absolut dimensions. Since crack growth is significantly controlled

by the multiaxiality of the stress state, see Fig. 3 quantification of multiaxiality is per-

formed by integration of the multiaxiality quotient over the above-mentioned region ri

of the crack section 7 / A quantitative statement about the possible amount of

cleavage fracture or stable crack growth after crack initiation is then allowed.

30 -- -- - - -T_
materia B CCT
T = 80'C
aM = .5

E
E SECT
Z

200
of sress
on crack DECT
n

S T
TPB CTI 0 %S.

100- DECT TPB

25, 20 c S.g.

S.9. side grooved CT
0

0 2 4 6. 8 10 12 14 16
Aa1MM

Fig. 3 Influence of specimen size and loading conditions on the crack resis-
tance curve

The distribution of q in the cracked section is schematically shown in Fig. 4.

a.) q b.) q c.) q 'component q(Y)

q(y) q (y)

q specim m

q, - - - - qc"�:4_q (y) y Y Y

-a--w-a- -a -�- w-a a 1� w-a
1. W - -I .� � W - W

Fig. 4 Distribution of quotient of multiaxiality q ahead of the crack tip (sche-
matically).
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This results in the following procedure: If

a.) J >Ji and f qdy I

brittle fracture can be expected. If

b.) J > Ji and q(y)dy

qdy

a stable crack extension phase will follow the initiation. If

C.) J > Ji and q(y)dy(Component) =>

q(y)dy(specimen)

the crack resistance curves are comparable. Therefore, similar crack growth in the

specimen and in the component can be expected at the same J-integral value.

This provides a fracture mechanics assessment concept for a reliable safety analysis

of cracked components to be used for all crack sizes. This could be shown on several

experimental and theoretical examples.

Experimental investigations

The discussed procedures for including the multiaxiality of the stress state into the

safety assessment of components is applied to fracture mechanics specimens and a

thick-walled hollow cylinder which is subjected to a pressurised thermal shock load-

ing.

Kic - values cannot be evaluated in the transition region of the toughness on usual

small fracture mechanics specimens. However, alternatively Jvalues are measur-

able. Whereas the Kic-value describes brittle fracture of the specimen the failure be-

haviour which is associated with the J-values is different. Cleavage fracture of the

specimen after ductile crack initiation followed by a limited amount of stable crack

extension is associated with the J-value. The load at which the transition to cleav-

age occurs defines the Jcvalue.
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The fracture mechanics parameters J which describes the physical initiation process

/9/ and J: 10/ which describes cleavage fracture after ductile crack growth were de-

termined experimentally and the deviated magnitudes jj and Kj,_ were used in the

following analysis. To determine the actual physical crack initiation point complex

methods have to be applied. The value J is usually obtained by measuring the

stretched zone Aaj with a scanning electron microscope or automatically by scanning

the crack surface with a laser beam. The stretched zone characterises the plastic

deformation at the crack tip prior to crack growth. The Jcvalue stands for the insta-

bility in the experiment. Therefore, this value is relatively easily to be determined us-

ing the experimental load at the point of fracture of the specimen. To obtain the

valid instability value Jc, the phase of stable crack extension has to be below mm or

0.05(W-ao) MOL This instability value depends on the specimen's geometry and

supplies different values, as mentioned above. The results discussed were obtained

using pressure vessel steel A533B 13/. The above-mentioned fracture mechanics

parameters are determined on three-point bend specimens (SE(B)) with different ini-

tial crack depths ao/VV = 0. 1 1 and aOIW = 053. All experimental results, i.e. initiation

characteristic Kjj and instability characteristic Kjc, are shown in Fig. and 6 Fig. 

and 6 show the influence of the test temperature on jj and Kj,,. Further crack growth

after physical initiation, however, is controlled by the geometry of the specimen, i.e.

by the different multiaxiality of the stress state. This leads to larger stable crack

growth prior to cleavage on the short cracked specimen than on the standard speci-

mens.
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Fig. 5: Initiation und instability values of deep crack specimen aW=0.53
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Fig. 6 Initiation und instability values of shallow crack specimen aW=O. 1 1

Fig. 7 shows that the stretched zone Aaj and therefore the J-values and the associ-

ated Kji-values are independent of the geometry due to the same multiaxiality quo-

tient at the crack tip (plane stress).
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Fig.7: Crack growth at Kjj and Kj, (open symbols short crack specimens)

Multiaxiallity analysis

The above mentioned characteristic values of multiaxiality are determined for charac-

teristic loadings. The fracture mechanics parameters J and J. given in table are the

averaged values for shallow crack and deep crack specimens, resp. The values of

multiaxiality obtained are shown in table 1. Figures to 10 illustrate the relationship

between crack tip load and multiaxiality characteristic values.

Shallow crack Deep crack

A=36 kJ/M2 Jc=108 kJ/M2 Ji=41 kJ/M2 JC=73 kJ/M2

Kjj=911VIPa�rn Kjc=147IVIPa4m jj=97 Wa4m Kjc=126 MPa4m

a/VV=O. 1 1 a/VV=O. 1 1 aNV=0.53 aNV=0.53

T/cYO -0.48 -0.6 0.11 0.13

Q -0.49 -0.95 0.08 -0. 1

q/qc rj=0.3(W-ao) 1.8 2.2 1 1

Table Multiaxiality characteristic values
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Fig. 9 Initiation and instability values as function of Q (open symbols for short
crack specimens)
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Fig. 1 0: Initiation and instability values as function of q/q,. (open symbols for
short crack specimens)

All three parameters considered indicate a lower multiaxiality of the stress state in the

short crack specimen. This is provided by negative values of parameter Q and T and

by higher values of q/qc. Lower multiaxiality generates plastic flow process in the ma-

terial which result in a higher oadability. This can be seen in the difference between

Ji and J,, and Ki and Kjc, resp. For the deep cracked fracture mechanics specimens

multiaxiality of parameter Q reduces while it increases for parameter T-stress. The

multiaxiality quotient q/qc integrated over 0.3(W-ao) is independent of loading and has

the value of 1, meaning that only a very limited crack extension can occur after initia-

tion which is in agreement with the experimental result. The normalised multiaxiality

quotient q/q. of the short cracked specimens show higher values which has a lower

multiaxiality of the stress state and results in plastic flow processes and larger stable

crack extension with increasing load.

Analysis of thick walled hollow cylinder subjected to thermal transient loading

and CT-25 specimen

Within the scope of research projects MPA Stuttgart carried out ten pressurised

thermal shock tests on pre-cracked cylindrical specimens with dimensions of outer

diameter x wall thickness = 800 x 200 MM2 . The test cylinders have been loaded with
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internal pressure, external axial load and thermal transients in all tests. Various crack

geometries, material toughness and transients have been investigated.

One of these tests (NT3, /11, 12� is of special interest in this discussion. The speci-

men NT3 was made of modified material 17 MoV 84 subjected to special heat treat-

ment with the purpose of puffing it in a state of reduced toughness with a high transi-

tion temperature The charpy energy amounts to 70J when -reaching the upper shelf

at 200 C. The boundary condition for the transient load was to initiate the crack in

the upper transition regime of the toughness with subsequent crack arrest.

200

0 K (initiation)IC
* KJ (initiation) El
* Kjc (instability acc. to ASTM E 1921)

150 ---------------- ------------------------- ------------------------------ --------------------------- I----------------------------- ----------------
6

E El
El

100 ---------------- -------------------------------------------------- ------------------------- X ----------------X

X
X X X

X
50 ---------------- ........ ---------- --------- ------------------------ ----------------------- ..............

pat

0
0 so 100 150 200

T I C

Fig. 1 1: Load path NT3 compared to Initiation values KIC and K1j) and instability
values (KiC)

The load path of specimen NT3 is represented in Fig. 1 1 together with the fracture

toughness values Kic and Kji and the appertaining instability values Kjc, according to

ASTM E 1921-97. The loading of the NT3-specimen resulted in the initiation of a brit-

tle crack extension, documented by a transcrystalline cleavage fracture surface after

a very small amount of ductile deformation at the crack tip. The J-integral value (and

also K value) at initiation is comparable to the J-integral value at initiation of the CT-

specimen, however the CT-specimen showed more stable crack extension prior to

cleavage, Fig. 12. After a limited unstable crack extension 6.3 mm in average) in the

NT3-specimen the crack was arrested. This first crack arrest was followed by several
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re-initiation and arrest phases, Fig. 11. The first crack initiation event is of signifi-

cance to this discussion.

Fig. 12: Fracture surface of large scale PTS specimen (left) and small scale
C(T)25 specimen (right)

The crack initiation takes place in the lower scatter band area of the measured initia-

tion values K, and Kj and so could be predicted correctly by means of the initiation

values, Fig. I . To predict also correctly the crack behaviour after initiation, the distri-

bution of the multiaxiality of the stress state has to be considered additionally as de-

scribed above. For this analysis the representative integration region was determined

as 75 mm, which corresponds to the criteria 0.3(W-ao) of the fracture mechanics

specimen. At initiation, controlled by Ji, in this region q/q, is 102 for the NT3 hollow

cylinder and 135 for the CT-25 specimen. This result corresponds very well with the

experimental results, which show cleavage in the NT3 thick- walled hollow cylinder

and limited stable crack extension in the CT-25 specimen after ductile initiation, Fig.

12.

Summary

The characteristic values for constraint or multiaxiality evaluation were discussed on

the example of small scale fracture mechanics bend specimens. Two typical crack

geometries, i.e. short cracked and standard cracked specimens, were investigated,

especially the loading situations at initiation and at failure, were investigated.
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All parameters showjoss of constraint" for the short crack specimens for both load

levels. For the high constraint standard bend specimens the prediction of loss of con-

straint is not in line for the two load levels. The parameter Q shows loss of constraint

when moving from initiation loading to instability loading. T/Go shows increasing con-

straint and q/qc shows constant constraint.

Additionally a comparison of small scale fracture mechanics specimen and large

scale pressurized thermal shock specimen was performed on the base of q/qc. Frac-

ture mechanics specimen and large scale specimen initiate at the same loading.

Subsequently the fracture mechanic specimen shows some stable crack propagation

before failure. The large PTS specimen, in contrary, shows unstable crack propaga-

tion after ductile initiation, which could be arrested by decrease of loading. The differ-

ent behaviour could be explained by different stress states ahead of the crack tip,

quantified by q/q,.

On this basis a failure criterion was evaluated. If the physical initiation value J is

reached by the load parameter J the failure mode is predictable if the distribution of

the normalised multiaxiality quotient q/qc integrated over a definite length ahead of

the crack tip is additionally taken into account.
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Abstract

Concerning thermal striping phenomenon with a cold/hot spot, effect of the thermal spot on

fatigue strength was investigated. The thermal spot causes membrane stress and enhances
bending stress in the structure. Increased stress shortens the fatigue life and accelerates the

crack propagation rate. The mechanism to increase stress was found to be the structural

constraint of thermal strain by the thermal spot. To consider this mechanism, constraint efficiency

factors were introduced to the thermal stress evaluation method based on frequency transfer

functions developed by authors. Proposed method with these factors was validated through

comparisons with cyclic FEA considering thermal spots.

Nomenclature

T, T = T, T,: Fluid temperature To : Source fluid temperature difference
T,, T = T, To: Structural temperature TmTb Membrane and bending temperature
R,,, Rb : Constraint efficiency factors o, a =o/JEaTo/(1-v)J:Stress
Bi = hU,1: Boit number j: imaginative number

w, w= 4col 21c :Angular velocity v: Thermal diffusivity of structural material
x, x x1L : Depth into wall direction h : Heat transfer coefficient

L : Wall thickness of structure 4 Heat conductivity

t: Time E: Young's modulus of structural material

a Linear expansion coefficient of material v: Poisson's ratio

Stuffix * : Non-dimensional number

1. Introduction

At an incomplete mixing area of high and low temperature fluids in nuclear components, fluid

temperature fluctuates with random frequencies. It induces random variations of oal

temperature gradients in structural walls, which lead to cyclic thermal stresses (Fig.1). When

thermal stresses and cycle numbers are large, there are possibilities of crack initiations and

propagations. This coupled thermal hydraulic and thermal mechanical phenomenon is called

thermal striping, which should be prevented.

After through wall cracks because of the thermal striping phenomenon were found at nuclear

plants in service[l][2], large 3D numerical calculations[3] and a modeling based on frequency
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transfer function[4] were studied to analyze the reason why these cracks were initiated and

penetrated. One of the causes of these through wall cracks is a local thermal spot in a pipe. It is

the so-called hot/cold spot problem. By incomplete mixings of fluids, thermal fluctuations are

induced locally in a specific spot of the pipe, not in the whole pipe. The local temperature

difference between inside and outside this thermal spot induces a local constraint of thermal
deformation. Therefore even with the same thermal condition, local thermal fluctuations induce

larger stress than the thermal fluctuations in the whole pipe.

This study has two purposes. The first is to analyze the 3D thermal distribution appeared in a

local thermal spot and to explain the effect of this thermal distribution against fatigue strength.

The next is to develop a simplified evaluation method which can quantify the effect of this local

thermal spot.

2. Description of thermal striping phenomena and frequency transfer function

model[4][5][61

A wall model subjected to sinusoidal fluctuation of fluid temperature can explain qualitative

response characteristics of structures as in Fig.2. If a frequency of fluctuation is very low, whole

temperature of the wall can respond to fluid temperature because thermal diffusivity homogenizes
structural temperature. Therefore, low frequency fluctuations do not induce large thermal stress

that is caused from temperature gradients in structures. On the other hands, a wall surface
cannot respond to very high frequency fluctuation, since a structure has a finite time constant of

thermal response. High frequency fluctuations do not lead to large thermal stress. In brief, the

magnitude of stress induced by the thermal striping depends on the frequency of the fluctuations.

Fig.3 is a general model to explain a transfer process from fluid temperatures to thermal stress.

Fluid temperature Tf turns to surface temperature T, (0) through a heat transfer coefficient h.

Surface temperature conducts into a structural wall and generates temperature distribution Ts (x
in structures. Temperature distribution causes thermal stress cy (x since thermal expansion

deformation is constrained.

In order to quantify this mechanism with frequency characteristics, frequency transfer functions

formulate the process from fluid temperature to thermal stress. The detailed formulation is in the

references[4][5][6], here only formulated results are introduced.

Input of a function is non-dimensional fluid temperature on frequency domain:

Tf Uo) = Tf Uco / To = 3 1 Tf W / To I

Through the effective heat transfer function H, fluid temperature turns to surface temperature:

T*(0, Bi, jco) = H(Bi, jco)T'(jco) (2)f

The effective thermal stress function converts surface temperature to non-dimensional

thermal stress as
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u'(x*, Bi, jo), R., Rb H(Bijco) S(x*JcoR.,Rb) T; (j w)

G(x*, Bi, jo), R., Rb)T;(jo)) (3)

By inverse Fourier transfer and dimensional factors, we can get time histories of thermal stress.

u(xhtR.,R6)=EaT0 3-'[c*(x*,BiJo),R,,Rb)1 (4)
I-V

The effective heat transfer function H, the effective thermal stress function S, and the frequency
transfer function G are calculated as Fig. 4 Fig.5, and Fig.6 4][5][6].

3. Description of 3D thermal distribution in the partially cooled pipes

Under 3D thermal distribution as Fig.7, there are two types of temperature difference. One is

the local temperature gradient in the wall as same as the 1 D thermal distribution, and the other is

global temperature difference in the plane. For 3D thermal distribution we must consider these

two temperature differences. The frequency transfer function model formulates these temperature

effects using the constraint efficiency factors as introduced in chapter 4.

To understand the effect of D thermal distribution, simplified example FEA models as in Fig.8

were analyzed. The 3D distribution model in Fig.8 is the partially cooled pipe whose colored part

is a cold spot. The length of the pipe is 360mm, the external diameter is 166mm, and the

thickness is 6.7mm. The initial temperature of the pipe and the surrounding of the pipe are 650T,

and the temperature of injected water is 20'C. The water is cyclically injected to the limited part of

the pipe during 15 seconds accompanied by 175 seconds non-injection time. After several cycles

of this 190 seconds' cooling and heating, the heat removal by injected water is balanced against

the heat input from the surrounding of the pipe. The temperature distribution at this temperature

stabilized cycle is obtained by cyclic FEA with the heat transfer coefficient between water and the

pipe, and that is 4000[W/M2/,C]. To compare with the 3D distribution model, 2D and D

distribution models were calculated with the same thermal transient condition as the D
distribution. The geometries of the cooled spots are modeled within the limitations of each model.

In the 2D model the lower half of the pipe is considered as the thermal spot and in the 1 D model

the whole pipe is considered as being cyclically cooled.

3.1 Existence of the membrane stress

Fig.9 shows temperature distributions by 3D FEA at 4 seconds after cooling in the

temperature stabilized cycle. In the axial cross section, there is temperature distribution along the

Z axis. The temperature in the cross section decreases gradually as Z becomes lower, and it is

not appeared outside the thermal spot at the same Z, therefore there is membrane stress

because of that membrane constraint. In the circumferential cross section, there are also

temperature differences along the circumferential direction, and membrane stress because of that

membrane constraint.
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3.2 Increase of the temperature difference in the thickness

Fig.10 is temperature difference at the axial cross section. The temperature difference in the

wall of 3D FEA is larger than the one in the D FEA. The temperature profile in the stabilized

cycle at inner surface is in Fig.1 1. The average temperature of the section becomes higher in the

3D FEA due to the higher temperature outside the thermal spot. Due to this higher average

temperature, temperature gradient in the 3D FEA becomes higher than the ID FEA as shown in

Fig.12.

3.3 Fatigue lives and crack propagation rates with 3D thermal distribution

Fig.13 and Fig.14 are stress distributions along wall thickness of the pipe models, such as the

one along the black arrow in the 3D model at Fig.10. In the D results, there are no membrane

stresses, however in the 3D results there are membrane stresses, and bending stresses of D

models are higher than those of D's. In the axial direction, there is only one sided constraint but

in the circumstantial direction there are both sided constraints, therefore the membrane stress in

circumstantial direction is the most increased up to 30% of the total stress.

Fig. 15 shows Von Mises stress profile. The equivalent stress range in the 3D is 653MPa and

the one in the ID is 358MPa. As in Fig.16 this difference brings the difference in estimations of
the total strains, the one of 3D is 048% and the one of ID is 021%. With using the fatigue

resistance curve at 450'C[7], the fatigue life of 3D is estimated as 31 X1 4 cycles and the one of

ID is 2.OxI 0 7 cycles. Using Paris low, the crack propagation rate of 3D is 1x1O -4 _ X 1 0-3,S

order, and the one of D is I X 1 0-5,S order as in Fig.1 8. As a result, with the estimation of D FEA

model, the fatigue life is underestimated three orders and the crack penetration cycle is

underestimated one order.

4. Constraintefficiencyfactorstoquantify3Dthermaldistribution

ID FEA and 3D FEA show different results, and the auses of this are the differences of

constraints and average temperatures. The frequency transfer function model uses constraint

efficiency factors to express arbitrary constraint conditions. Membrane constraint efficiency

factors Rm and bending constraint efficiency factors Rbin the equation 3) are defined as follows.

u'(x',BijcoR,,Rb)=(1 - R.)T,,, + (I - Rb)(1-2x')T - T* (x*, Bi, jco) (5)

O<Rm<l , O<Rb<l

T,*(x*,Bijw) D(x*,jw) *(0,Bijco)=H(Bijc9)D(x*,jC9)T T; GO))

T, (x*,Bijco) T",
D(X , jo) = T,*(0,Bijw-' D (jo)) -- T,*(0, Bi, jco) f,,D(x jco)dx

Tb*
Db GCO) 3 f D(x jw)(l - 2x*)dx*

T* (0, Bi, jo))

where, D: Effective heat conduction function
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When these efficienGy factors are zero, it arrows free deformation. If these factors are one, it

corresponds to a perfectly constraint condition. By using constraint efficiency factors, thermal

stress under mixed membrane, bending, and peak constraint conditions, that is 3D thermal

distribution, can be expressed as equation (5). For 1D thermal distribution, R=O and Rb=l,

therefore there was no difficulty to apply the frequency transfer function model, however for D

thermal distribution, theses factors must be quantified depending on constraints.

4.1 Definition of the constraint efficiency factors

Magnitudes of thermal expansion strains are different between inside and outside of a

thermal spot, because average temperatures are different. In this condition, there is a strain

constraint because a thermal deformation can not release this difference of the thermal

expansion strains. An efficiency of constraint depends on geometries of a structure and a

thermal spot, and is defined as a ratio between stress of an actual structure and stress in the

perfectly constrained condition.

Stress induced by a constraint is classified into membrane, bending, and peak components.

The constraint efficiency factor as an efficiency of constraint is defined for each stress

components. However peak stress is not released by a thermal deformation and is always in the

perfectly constrained condition, therefore only the membrane constraint efficiency factor and the

bending constraint efficiency factor are effective.

The membrane constraint efficiency factor is a constraint efficiency factor against a
membrane stress component. This expresses a constraint induced by difference of thermal

expansion membrane strains between inside and outside of a thermal spot.

The bending constraint efficiency factor is a constraint efficiency factor against a bending
stress component. This expresses a constraint induced by difference of bending stresses

between inside and outside of a thermal spot.

4.2 Constraint efficiency factor of membrane stress

Fig.19 shows a graphical explanation of membrane constraint efficiency factor. (a) is the

membrane free condition, and is the perfectly constraint condition. The temperature

distributions of these are determined with heat transfer phenomena.

0 is the circumferential cross section of the actual structure. After cyclic thermal calculations,

the temperature distribution of the section is obtained. With this temperature distribution, the
average temperatures of the evaluation sections are obtained. In this process the cyclic FEA

calculation is inevitable and the cause of the cyclic calculation is heat transfer between injected

water and the pipe. Therefore this factor can be calculated more easily by the calculation

without heat transfer phenomena.

in Fig.19 are the conditions without heat transfers. (3) corresponds to the same

structure which has the same geometry's thermal spot. To calculate the membrane constraint

efficiency factor, the minimum temperature of the fluid fluctuation is considered as the average
temperature inside the thermal spot, and the maximum temperature of the fluid fluctuation is
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considered as the average temperature outside the thermal spot. Comparing the stress in this

condition to the stress in the perfectly constrained condition with the same temperature

condition, the membrane constraint efficiency factor for this structure can be calculated. This
membrane constraint efficiency factor can apply to the same geometry's structure with the same

geometry's thermal spot under different temperature conditions. By applying this factor to the

perfectly constrained condition of (�), the actual membrane stress can be calculated.

4.3 Constraint efficiency factor of bending stress

Fig.20 shows a graphical explanation of bending constraint efficiency factor. (D is the

bending free condition, and (�) is the perfectly bending constraint condition. is the

circumferential cross section of the actual structure as same as Fig.19. G,(3),(�) in Fig.20 are the

conditions without heat transfers. (�) corresponds to the same structure which has the same

geometry's thermal spot. To calculate the bending constraint efficiency factor, the whole

temperature difference between the maximum and the minimum temperature of the fluid

fluctuation is considered as bending components in (. In the perfectly constrained condition,

the same temperature difference is considered, and comparing the stress in (3) to the stress in

the perfectly constrained condition, the bending constraint efficiency factor for this structure can

be calculated. This bending constraint efficiency factor can apply to the same geometry's

structure with the same geometry's thermal spot under different temperature conditions. By

applying this factor to the perfectly constrained condition of (�), the actual bending stress can be

calculated.

4.4 Example calculation by the frequency transfer function with constraint

efficiency factors

Fig.21 shows the calculation example of thermal stress based on the frequency transfer

function with constraint efficiency factors. Cyclic thermal transient conditions inside the pipe are
modeled as in Fig.22. To calculate the constraint efficiency factors, the temperature conditions

in the walls were determined as in Fig.23. With step stress calculation, the constraint

efficiency factors for this case are obtained as in Fig.23. Fig.24 shows the calculation results,

the horizontal axis is the frequency of the thermal fluctuation in Fig.22, and the vertical axis is

the gain against the stress in the perfectly constraint condition. As in Fig.24 the results obtained

by the frequency transfer function model with those factors correspond to the results obtained

by FEA in all frequency range.

5. Further study plan to standardize the constraint efficiency factor

In the chapter 4 the constraint efficiency factors are defined. To use these factors in the

structural designs, further studies are planned.
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• Parametric verification by comparisons between the frequency transfer function model with

the constraint efficiency factors and full steps of FEA

Werifications with different temperature conditions
+Supplementation of the samples with different geometries
(The angle of the hot/cold spot, r/t)

•Standardization of the calculation examples

+Mapping of the calculated examples
(The angle of the hot/cold spot, r/t, Heat transfer coefficient, Temperature fluctuation range
of the spot)

+Simplified evaluation equations of the constraint efficiency factors based on the mechanism

6. Conclusion

The effects of 3D thermal distributions in partially cooled pipes on fatigue strength were

investigated. This 3D effects are summarized into two main features. The one is the generation of

the membrane stress because of the membrane constraint. The other is the increase of the

temperature difference in the wall which brings larger bending stress than the stress calculated

with 1D thermal distribution. These features shorten fatigue lives and accelerate crack

propagation rates. In the example case based on 1D and 3D FEA, the fatigue life evaluated by
1D model is underestimated three orders and the crack penetration rate is underestimated one

order without consideration of 3D effect.
To quantify the characteristic of 3D thermal distributions, the constraint efficiency factors were

introduced into the frequency transfer function model. These factors can be calculated by only 

step FEA calculations with simplified temperature conditions, and can be applied to arbitrary

geometries without any difficulties. Compared with the full steps of FEA results, the stress
calculated by the frequency transfer function model with the constraint efficiency factors were

validated.
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Summary
Most of the fatigue relevant stresses in piping systems are caused by thermal loading. The

difference between the density of the fluid caused by the temperature gradient from bottom

to top of the pipe cross section combined with low flow rates can result in thermal stratifica-

tion in the horizontal portions of a piping system. The hot and cold fluid levels of the stratified

flow conditions are separated by a interface or mixing layer. On the other hand high flow

rates can cause a temperature gradient in pipe longitudinal direction aump of temperature)

and result in a thermal shock loading on the inside pipe surface constant throughout the pipe

cross section. These loading conditions impact the secondary stress and the fatigue usage

analysis typically performed for piping components by equations in the technical codes.

Thermal stratification in piping system causes a circurnferentially varying temperature distri-

bution in the pipe wall resulting in local through wall axial stresses and global bending

stresses in the piping system. Maximum local thermal stress is found when a thin interface

(mixing) layer occurs in the upper or lower parts of the pipe cross section. Maximum global

thermal bending stress is found when a thin interface layer occurs in the middle of the pipe

cross section.

1 Introduction

Components and systems are exposed to static and cyclic loads occurring particularly during

start-up and shut-down or during change in operating conditions. Furthermore, loading can

be caused due to anomalous operating conditions as well as due to test and accidental con-

ditions. The stresses are resulting from mechanically and thermally induced loads both oc-

curring in an alternating mode (in-phase or out-of-phase) or in a superposed mode (static or

cyclic). In order to exclude crack initiation due to fatigue during the design service life a fa-

tigue analysis according to the safety standards e.g. KTA [1] must be performed for the corn-
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ponents. This is done using specified envelop loading or loading measured with the help of

in-service monitoring at the components concerned.

On the one hand experience shows that loadings included in the specifications for the design

stage covers conservatively the actual global loading. On the other hand in-service monitor-

ing and diagnostic findings show that not specified local loading may occur, e.g.

[2 3 4 5 6 Additional loading is due to certain operational conditions (e.g. changing of flow

rates, faulted control, leaking valves ect.) and the resulting local stresses due to thermal

stratification, thermal shock loading, thermal axial gradient. If these loadings and its frequen-

cies are superimposed either formally in addition to the specified loadings or superimposed

by conservative assumptions, this may result in inadequate fatigue usage factors. This

shows the problem of loading specified within the scope of the design stage of a component.

Therefore in-service monitoring during operation is of particular and indispensable impor-

tance in view of a reliable fatigue analysis and reliable fatigue usage factors.

2 Thermal Loads in Power Generating Plants

2.1 General remarks

Thermal loading causes thermal strains in components. If the thermal strains are suppressed

due to external restraints and/or due to materials with different thermal expansion coeffi-

cients, thermal stresses will develop. In piping systems thermal loading (AT axial and radial)

occurs as transients in form of thermal shock loading and as thermal stratification loading. In

order to reduce the fatigue usage factor the analysis used must be examined with respect to

conservatism. This means a detailed recording of thermal loading (thermal shock, different

stages of thermal stratification) for calculations as well as detailed stress analyses with sub-

sequent fatigue analyses.

2.2 Cause and appearance of thermal loads

2.2. 1. Thermal shock loading

If water injection with a high flow rate takes place in a piping system with low or high tem-

perature in its initial state, a temperature gradient (from hot water to cold water or reversed)

will develop along the axial direction of the piping system corresponding to the flow rate and

resulting in a thermal shock loading. In the cross-section of the piping the flow velocity as

well as the temperature are constant apart from the areas closed to the wall of the pipe.

These thermal shock loadings occur in piping which are vertical as well as horizontal. Typical

piping systems of pressurized water reactors (PWR)-plants are the spray lines at the pres-
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surizer as well as the steam generator feed water nozzles and lines. In boiling water reactor

(BWR)-plants thermal shock loading may occur in the feed water system 

2.2.2. Thermal stratification

A change in temperature causes a change in the density of solid, liquid and gaseous materi-

als, where an increase in temperature means a reduction in the density. If a piping is filled

with hot water and cold water is injected with a low flow rate, a thermal stratification will de-

velop due to the difference in density, e.g. 7, 8 9 1 0]. Different temperatures of the medium

in the piping, a reduced flow velocity as well as certain constructive and geometrical condi-

tions are responsible for the occurrence of a thermal stratification flow. The extend of the

mixing layer between hot and cold medium usually depends on the mass flow rate and the

difference in temperature. Typical piping systems of PWR-plants with thermal stratification

are the surge line and the spray lines of the pressurizer. In BWR-plants areas of the feed

water system close to the reactor pressure vessel as well as injection- and residual heat re-

moval systems are of concern.

In the piping systems thermal stratification flow may cause different loadings:

• Thermal shock loading, where at the beginning of the water injection cold water is in

the bottom of the pipe filled with hot water without any mixing. The piping wall is

stressed with the radial temperature gradient (thermal shock loading).

• Stationary thermal stratification, where a temperature stratification develops due to the

difference in the density between cold and hot water. This temperature stratification

then causes compressive and tensile stresses due to the thermal strains suppressed.

The extent of loading primarily depends on the width of the mixing layer and the differ-

ence in temperature.

• Temperature fluctuations due to shear flow between cold and hot water.

2.3 Consequences and damage due to thermal loads

At the end of the 60s it was already indicated to thermal loading and to the effect of disregard

of the determination of the thermal loading in vessels and piping according to the conven-

tional codes and standards and to the requirements related to this [ 1. Higher safety-related

attention was paid to the thermal transient loading since cracks have been detected in the

feed water nozzles of BWR-plants in the 70s in the USA 12, 13]. In Germany the same was

observed on the inside of feed water nozzles of BWR-plants in the 80s 14].

Experience made in French plants are shown in 15, 16]. There modification of the construc-

tion, optimisation of the operation, modification of the design as well as the in-service moni-
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toring including the determination of the actual level of the fatigue usage factor are show as a

possibility of reducing the effects of thermal loading.

2.4 Significance within the proof of integrity

To proof the integrity of pressurized components the knowledge of the relevant loadings and

therefore the determination of the stresses and their limitation is of indispensable importance.

This includes particularly the consideration of all relevant thermal transient loadings within

the scope of the stress analysis, the fatigue analysis and within the scope of the fracture me-

chanics assessments 17, 18, 19]. fgj shows schematically the procedure for the proof of

integrity of pressurized components. From this it can be deviated in which areas loadings can

be affected by thermal transients. Examples are the effects of thermal transient loadings in a

longer straight piping on the attached elbow, nozzle and T-junction.

3 Stresses due to thermal transient loading in pipes

3.1 Thermal shock loading

3. 1. 1. Analytical solutions

As an approximate solution for the thermal stresses on the piping inner surface due to ther-

mal shock loading, Eig, 2, the equation (1) can be used in a fully restraint biaxial stress

condition 7]

CT= = (Yu AT E (1)
I-V

(Ga - axial stress; u, -circumferential stress; a - coefficient of thermal expansion; AT - total

temperature range; E - Modulus of elasticity; v - Poisson ratio). This result in an equivalent

stress range Acy, for a full temperature cycle (cooling and heating or reversed)

2 a AT E (2)
1-V

According to 9] additional effects are included when calculating the equivalent stress range

by

ACY, = fa fSN fK 2aAT E = 154 fKr cc ATE (3)
I-V 1-V

Thereby the factor fa=0,7 considers finite heat transfer coefficients according to 7], the factor

fSN=1,1 considers the stress increase due to welds and the factor fK, considers the geometry

on pipe bends.
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3.1.2. Stress calculations due to technical codes and standards

To determine the thermal loads the actual temperature distribution through the wall thickness

has to be divided in a component cross section at points of time (kj) under consideration, in

a average temperature ATm over the wall thickness, in a linear temperature distribution AT,

over the wall thickness and in a non-linear temperature distribution AT2. In doing so the com-

plete temperature distribution AT(y) is made up of the above mentioned three parts over the

wall thickness. The range AT, of the temperature difference between the outer and inner sur-

face wall is calculated by assuming a linear temperature distribution with the same difference

of moment generated in the wall because of AT, as in the present temperature distribution

AT(y). The equivalent stress range is calculated using the maximum shear stress theory cyeSH

(Tresca, SH) or the strain energy of distortion theory y,,GEH (v.Mises, GEH). If there are con-

tinuously the same principle stress directions and both the axial (YX-) as well as the circum-

ference (,-) stresses are principle stresses and the maximum load is on the surface with the

radial stress ur=O as in the case of the present thermal loads, the following is applicable:

Acr,,SH =max. Auax A,, (4)

The stresses determined have to be limited according to primary stresses (Pm, Pb, PI), sec-

ondary stresses (Q) and stress peaks (F). According to chapter 7 in 1] only stresses from

the linearised course of the stress distribution are considered to be secondary stresses (Q).

The non-linear part is to be classified as peak stress (F). According to chapter 84 in 1] only

the range of average temperature ATm is to be considered for levels A and to determine the

stress range of primary and secondary stresses. It is taken as difference of the range of av-

erage wall temperatures on sides r I of a structural discontinuity or material discontinuity Tmr

and Tm, resp., EL 3 Furthermore, in determining the equivalent stresses from primary and

secondary stresses as well as stress peaks the linear part AT, and the non-linear part AT Of

the present temperature distribution have to be considered, ig...A.

Analytical approaches disregarding changes in the velocity of temperature change and hold

times determine the equivalent stress range caused by thermal shock loading higher (con-

servative) compared to the equations determined using the KTA standard as well as to Fi-

nite-Element (FE) stress calculations, The stress values determined according to KTA

standard in comparison to the FE calculation are increasingly more conservative with thinner

wall thickness.
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3.2 Thermal stratification loading

3.2. 1. Analytical solutions

Thermal stratification, ELq&, causes a stress distribution in piping systems, where in the hot-

ter upper part of the pipe cross section compressive stresses develop because of strain re-

straint. The tensile stresses in the colder bottom part of the pipe cross section are in equilib-

rium with the compressive stresses. A simple assessment of the stresses from thermal strati-

fication is related to the thermal stresses under uni-axial stress state and fully restraint

strains according to

a ax, max E(a, T, - a. Tc (5)

(subscripts: h - hot; c - cold). In calculating the equivalent stress range according to 9] addi-

tional influences are considered

Acr e =fm fs a AT EfSN fKr = 0,92fSN fKr a AT E (6)

In doing so factor fm considers the width of the mixing layer and factor fs the influence of the

velocity in changing the level of the mixing layer. The factor fmfs=0,92 considers conserva-

tively the influence of the mixing layer. The factor fSN takes account of the stress increase in

welds under thermal stratification and factorfKr= 1 5 is used as possible value to consider the

geometry of a pipe bend.

An equation to calculate the axial stresses was deviated in 20] for thin-walled pipe cross

sections. A pipe fixed on both ends (fully restraint) results in
" E (, T, - cc,

Cyaxcold = . Te1800 (7a)

Gaxhot - 1- E(CC hTh C(cTJ (7b)180-)

For the superimposed bending stress with a flexibility factor kfl,.., for the flexibility of the pipe

support the following applies

CybW=kfi�x _�� (othTh - ac TJE 2x
( 7r ) D (8)

with the angle �D representing the position of the mixing layer, the value x representing the

variable parameter (x=D/2: pipe apex, O-o'clock position) and kflex =0 for fully restraint condi-

tions and kflx =1 for no support.

As suggested in 21] the equivalent stress portion for the thermal stratification according to

the procedure taking into consideration thermal loads in KTA standard [1 ] is given by
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a.= K3 122+0,35 (2 s. ) EaAT, (9)
d.

at a temperature difference of AT3 .

Axial stresses are deviated from 22] for a non restraint pipe with a finite mixing layer of the

thermal stratification as

2 sin Ay 1
ax, no rest. = CE (T, - T + cosy snP+ with- p y-Ay (1 Oa)

f- Tr 71 Ay 2 ] 2

CFax, no restr. =aE(Th Tc Y 2sin Ay cosy sinp- I (P-7 withy-Ay P<y+Ay (1 Ob)
7r In Ay 2Ay

2 sin Ay 1
Cr ax, no restr = tE (Th - Tc + cosy sinp- with +Ay< (1 OC)

,f Ay 2] 2

If there is 'sharp" mixing layer present (Ay or Ah =O), the equations 7) and (8) apply in the

case of no support (kfl,x=l) correspond to the above equations 10).

3.2.2. Stress calculations due to technical codes and standards

Stresses resulting from axial and radial temperature gradients can be determined according

to the KTA standard 3201.2 1] chapter 7 ("general analysis of the mechanical behaviour") to

understand global and local stresses (e.g. in the area of the mixing layer of a thermal stratifi-

cation). Generally, this requires the FE method. Alternatively, the stresses can be determined

using the calculation formula according to chapter in 1] (component-specific analysis of the

mechanical behaviour). The calculations according to chapter is based on the calculation

formula for the "straight pipe" taking into account the boundary conditions of other piping

components such as e.g pipe bends, transitions, T-branches by stress indices (stress in-

creasing factors). To calculate the stresses caused by thermal stratification the calculation

formula in chapter may be used only as a replacement either by an "equivalent thermal

moment" or by a linear distribution of the temperature over the pipe cross section within the

scope of the pipe system calculation. It is not possible to consider local stresses (e.g. in the

area of the mixing layer).

3.2.3. Numerical solutions for thermal stratification loads

The axial (longitudinal) stress on the pipe inner surface is the dominating stress component

because of thermal stratification with a "sharp" mixing layer (Ah=O), linear temperature distri-

bution over the piping cross section (Ah=l, hl=O) as well as linear temperature distributions

at various levels in the mixing layer for cylindrical components, apart from the pipe supports.

If a pipe is supported on a rigid basis (with little flexibility, boundary conditions comparable

with fixed on both sides) the maximum value of the equivalent stresses under thermal stratifi-

AT = Th - T, as maximum temperature difference caused by thermal stratification
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cation is independent of the width of the mixing layer Ah and independent of the level of the

mixing layer hi. It corresponds approximately to the thermal stresses under uniaxial stress

state and full restraint conditions (equation 5), Eig.: Z. The maximum axial as well as equiva-

lent stresses occur locally as peak stresses on the pipe inner surface because of "sharp"

mixing layer in case of low and high level of the mixing layer h. The stress distribution over

the wall thickness is non-linear. A "sharp" mixing layer in 3 o'clock position results (by corn-

parison) in lower maximum values for the equivalent stress. The same applies to a linear

temperature distribution over the pipe cross-section with equivalent thermal moment. In the

case of linear temperature transition with a width Ah>O the local stress increases with de-

creasing Ah with little effect of the level of the mixing layer hi, Et..a.

The axial stresses calculated according to 20] and 22] agree well with "sharp" mixing layer

as against FE calculation with fully restraint conditions, whereas too high stresses are deter-

mined for flexible support. Ref. 21] suggests to extent the equation contained in KTA stan-

dard [1] for determining the range of equivalent stress due to thermal loads on a conservative

basis. For "sharp" mixing layer in the o'clock or 6 o'clock position area comparable stress

values result, Ejg,,_g. This procedure according to 21] provide conservative equivalent stress

values also for thermal stratification with Ah>O.

Because of thermal stratification the effect of the global stresses (bending stress) are as-

sessed by reaction moments. The maximum reaction moments i.e. the maximum global

loads are a consequence of a "sharp" mixing layer in the 3 o'clock position. With increasing

width of the mixing layer Ah the reaction moments decrease. This is also the case of "sharp"

mixing layer in the area of the o'clock or 6 o'clock position, Fg. 1 0. There is a marked dif-

ference between global and local stresses in the case of "sharp" mixing layer in the o'clock

position or 6 o'clock position, Fig. 1 1.

4 Conclusions

There was a good progress in proving safety-relevant components and systems starting from

the purely stress- and fatigue analysis (aactuai < Gallowabie , D < ) to the proof of integrity. The

basic requirement for proof of integrity is the knowledge of the real acting loads to determine

realistic stresses within the scope of the stress, fatigue and fracture-mechanics analyses.

This requires that especially stresses caused by thermal loads have to be calculated com-

pletely and precisely.

Thermal shock loading generate temperature gradients through the wall and axial

temperature differences. This causes global and local stresses which are considered
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within the limitation of the secondary stress and within the scope of the fatigue analy-

ses. In determining the rang of equivalent stresses according to chapter of the KTA

standard 11 the loads are conservatively determined.

Thermal stratification generates temperature gradient through the wall and over the

pipe cross section. The global stresses resulting from this can only be considered as

replacement according to chapter of the KTA standard with the available calculation

formula. This can be done either by an "equivalent thermal moment" or by assuming a

linear temperature distribution over the pipe cross section within the scope of the pip-

ing calculation. This does not consider local effects (e.g. in the area of the mixing

layer).

FE calculations show that both the axial as well as equivalent stresses occur as stress

peaks on the inside of the pipe surface because of "sharp" mixing layer for smaller or

higher level of the mixing layer hi.

The maximum global stresses (bending stresses) are a consequence of a "sharp" mix-

ing layer in 3 o'clock position. With increasing width of the mixing layer the global

stresses decrease as well as for the "sharp" mixing layer in the area of the clock or 6

o'clock position.

Approximation procedures for determining the range of equivalent stresses present a

conservative assessment of the stresses. For "sharp" mixing layer in the area of the 

o'clock or 6 o'clock position comparable stress values such as for FE calculations will

result.
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Equation 8.4-1): Determination and limitation of the primary stress intensity

With 131=0.5 corresponds approximately to t rresponds to the bending stres
walled cylindrical compone the outside of a cylindrical component

Equation 8.4-2): Determination and limitation of the primary plus secondary stress intensity range

ith C3=1'0 corresponds to the thermal stress
With C1=11.0 corresponds appro- caused by the range of average temperature A
ximately to the equivalent stress t 2=1'0 correspon Tm on side r(l) of gross structural discontinuity
of a thin walled cylindrical bending stress at the or material discontinuity for a unlaxial stress
component (pipe) a cylindrical compone state and fully restrained boundary conditions

Figure 3 Determination and limitation of primary and secondary stress intensity range

according to KTA standards 1]

Equation 8.4-3): Determination of the primary plus secondary plus peak stress intensity range

1.0 corresponds K,=I.O corresponds to the ther-
the thermal stress caused by the Corresponds to the thermal stress mal stress of a thin walled cylindri-
range of average temperature at the outside (cr I.,,,,max=cr circummax) cal component (pipe) caused by a
A Tm on side r(l) of gross structu- caused by the absolute value of the linear temperature distribution A T,
ral discontinuity or material dis- range for that portion of the non- between the out-side surface and
continuity for a uniaxial stress linear thermal gradient A T through the inside surface and pipe ends not
state and fully restrained the wall thickness not included in restrained (at the surface
boundary conditions A T

Figure 4 Determination and limitation of primary plus secondary plus peak stress intensity

range according to KTA standards 1]
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ABSTRACT
Temper bead welding technique is one of the most important repair welding methods

for large structures for which it is difficult to perform the specified post weld heat treatment.
In this study, appropriate temper bead welding conditions to improve the characteristics of
heat affected zone (HAZ) are studied using pressure vessel steel SQV2A corresponding to
ASTM A533 Type Class .

Thermal/mechanical simulator is employed to give specimens welding thermal cycles
ftom single to quadruple cycle. Charpy absorbed energy and hardness of simulated
CG14AZ by first cycle were degraded as compared with base metal. Improvability of these
degradations by subsequent cycles is discussed and appropriate temper bead then-nal cycles
are clarified. When the peak temperature lower than Acl and near Acl in the second
thermal cycle is applied to CGAHZ by first thermal cycle, the characteristics of CGHAZ
improve enough. When the other peak temperatures (that is, higher than Acl) in the second
thermal cycle are applied to the CGHAZ, third or more thermal cycle temper bead process
should be applied to improve the properties.

Appropriate weld condition ranges are selected based on the above results. The validity
of the selected ranges is verified by the temper bead welding test.

Keywords: Temper bead welding, Repair welding, Low alloy steel, Pressure vessel steel
Welding thermal cycle, Toughness, Hardness

1. INTRODUCTION
Temper bead welding procedure is one of the most important repair welding techniques for ferritic

pressure vessels for which it is difficult to perform the specified post weld heat treatment (PWHT) In
the temper bead welding without PWHT it is essential to select appropriate welding parameters and
control the weld bead position in order to improve toughness and hardness (to give temper effect) in
the coarse grained heat affected zone (CGHAZ) by thermal cycles of subsequent beads and layers.
Temper bead welding is provided as alternative welding methods in ASME B&PV code, Section XI,
IWA-4600. According to the code the temper bead welding had been carried out with the weld heat
input for each of the first six layers controlled to within 10% of that used in the procedure qualification
test. However, recently the code was revised as the weld heat input for each of the first three layers
should be controlled to within 10% of that used in the procedure. Some code cases were described as
the same.
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On the other hand Liao et a]. reported that Charpy impact absorbed energy in CGHAZ of the first
layer largely degrades still more when it was re-heated to the temperature between Ael and Ac3
transformation temperature by the subsequent thermal cycle [1]. This fact is serious for temper bead
repair welding procedure. Thus, it is important to control the thermal cycles of the successive beads
and the overlaying layers in order to improve the properties of CGHAZ. Therefore, it is necessary to
clarify the relations between toughness and microstructure of CGHAZ of the first layer, and conditions
of repeated thermal cycles (peak temperature, cooling rate etc.) in order to find out the appropriate
conditions of temper bead weld repair. To study this, welding termal cycle simulation was used. By
the way, sape of weld beads is generally not flat, and CGRAZ suffers multi different thermal cycles.
In tis case the tempering effects are different at each location and the extent of the recovery of the
characteristics is also different. From this point of view the weld termal cycles to give well the
tempering effect and the appropriate welding conditions to apply the thermal cycles are investigated.

In this study the appropriate conditions of weld thermal cycles to improve the characteristics of
re-heated CGHAZ to the temperature between Acl and Ac3 for pressure vessel steel SQV2A was
investigated. Then, the appropriate welding conditions are discussed.

2. SIMULATION TEST FOR WELDING THERMAL CYCLE

2.1 Material and specimen used
The chemical composition of SQV2A (JIS

G 3120) pressure vessel steel used is shown in Table I Chemical compositions of SQV2A used
Table 1. The material corresponds to ASTM (wto).(36mmt)
A533 Type Class I and is quenched and C Si Mn P S Ni Mo
tempered, manganese-molybdenum-nickel 0.18 0.28 1.43 0.006 0002 0.69 0.51
alloy steel. The shapes of specimens used in
the simulation of the weld thermal cycles and <Rolling direction

in the impact test are shown in Fig. 1. The
specimens in the upper figure were machined IILP I
with the longest side of the specimens parallel 1 11 57

to the rolling direction from 36mm thick plate. (a) Specimen for thermal cycle simulation test
Thermal/mechanical simulator Gleeble 1500 Rol I ing direction

was employed to simulate the welding thermal 0.25-4-0.025R

'84-0.05
�71,2

cycles. The peak temperature was given at the 10i-0.05

center of the longest side. After the simulation, L P__
Charpy impact test pieces were re-machined as 10-1-0.05 27.5-LO.4

____5.5±o 45-i-2-
shown in the lower figure with 10mm square,
50mm length and V-notch of 2mm depth in the (b) JIS Z2202 No.4 specimen for Charpy impact test

center, and Charpy impact tests were carried Fig. I Shape of specimens to simulate welding
out at 20'C. Vichers hardness measurements thermal cycles and Charpy impact test.
using kg load (HVI) were made for the
location reached to the peak temperature on each specimen. Optical, scanning (SEM) and transmission
(TEM) electron microscopes were used to characterize the microstructures. The specimens were
etched by 5% nital for optical microscopic investigation, etched by two stage electrolytic etching
method to appear Martensite-Austenite (M-A) constituents for SEM investigation.

2.2 Simulated welding thermal cycles
Single, double, triple and quadruple thermal cycles were simulated to the specimens taking

account of low heat input gas tungsten arc welding (GTAW). The first thermal cycle was performed to
produce a structure of CGHAZ; the peak temperature (Tpl) about 1350'C. Peak temperature of the
second thermal cycles (Tp2) was varied from 600 to I OOOOC. The third and fourth thermal cycles were
simulated with the peak temperatures (Tp3 and Tp4) in the range of 300 to 800'C, respectively.
Heating and cooling rates, and holding times corresponding to the each peak temperatures are shown
in Table 2 The holding time at the peak temperature was decided to I see. for the peak temperature
more than 600'C. The heating and cooling curves were simulated as straight-line.
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Table2 Heatin� and cooli g rate, d olding time each pe k temperature.
Peak temperature Q >600 550 500 450 400 350 300
Heating rate C A 200 200,90 200,80 200,70 200,60 200,50 200,50
Holding time (s) I 1 1.5 2 2.5 3 3.5
Cooling rate C /s) 100 30,60 20,60 30,60 20,60 30,60 20,60

2.3 RESULTS OF SIMULATION TEST

2.3.1 Single thermal cycle simulation for CGHAZ
The single termal cycle is performed to

simulated base metal CGHAZ. The peak
temperature TpI and the olding time are about
1350'C and Is. The heating and cooling rate is 200 n
and 00'C/s, respectively. The absorbed energy of
Charpy impact test and Vickers hardness of
as-received steel and CGHAZ (after the first
thermal cycle) were about 297J, 22714V I and about
100J, 457UVI, respectively. Absorbed energy of
CGHAZ lowered about 13 and hardness increased
2 times as compared with as-received steel. The
relations between the cooling time, and the
absorbed energy and the hardness are similar

fashion to the results of reference P1 Fig.2 Typical microstructure for single
Microstructure by optical microscope (x4OO) of thermal cycle simulated. (CGHAZ)
CGHAZ is shown in Fig. 2 It was mainly typical
lath martensite. As a result, the absorbed energy degrades and the hardness increases as compared with
the as-received steel.

2.3.2 Double thermal cycle simulation
The double thermal cycle is performed to investigate the influence of subsequent bead or layer on

the CGHAZ. The first thermal cycle is the same as the single termal cycle; that is, the CGHAZ is
simulated. The peak temperature Tp2 is varied from 600 to I OO'C in order to evaluate the influence
of the peak temperature on the absorbed energy and te ardness.

The absorbed energy of Charpy impact test and Vickers hardness for te double thermal cycle as a
function of peak temperature Tp2 are shown in Fig. 3 respectively. In this base steel AcI and 3
temperatures were measured as 670 and 837C, respectively. In Tp2 temperature (600'C) lower than

Acl temperature the absorbed energy increased
Peaklemperatureof2ndthermalcycle Tp2 (K) from that of the CGHAZ (about I OOJ) to about

goo 900 1000 MOO 1200 1300
500 - - 200J and the hardness decreased fom that of the

0
400 -

t; > 300 -

200 -0

300 o 00
Ac](670,C)

200

Ac3(837'C)

10 - B

0 0
0--

600 700 800 900 1000

Peak temperatu re of 2nd thermal cycle Tp2 (C)

Fig.3 Charpy absorbed energy and Vickers Fig.4 Microstructures of specimens simulated
hardness for double thermal cycle. double thermal cycle.
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CGHAZ (about 457HVI) to less than 350HVI. Recovering ratio of the absorbed energy is about 70%
compared to that of as-received steel. In Tp2 in the range of Acl-Ac3 temperatures, the absorbed
energy 30 to 70J) was largely fallen forrn that (100J) of the CGHAZ. In Tp2 higher than 3 the
absorbed energy considerably increased again from that of the CGHAZ but the hardness increased to
about 4751-1VI more than that of the CGHAZ due to re-quenching. When Tp2 of the double thermal
cycle reached to more than A3, Charpy impact values were greatly recovered to 70 - 95% that of
as-received steel. However, te hardness is higher enough, which is susceptible to hydrogen induced
cracking during service use.

Microstructures after the double thermal cycle are shown in Fig. 4 For Tp2 lower than Acl in Fig.
4(a) M-A constituent was not observed. Precipitated carbides were observed as a result of the
tempering effect f te second termal cycle on the martensite formed in the first thermal cycle. For
Tp2 in the range from Acl to Ac3 temperature in Fig. 4(b),(d) M-A constituent was observed and
reaustenitized area was observed along the prior austenite grain boundaries. For Tp2 higher than Ac3
in Fig.4(c) te refined prior austenite grains were observed because microstructures of the first thermal
cycle were reaustenitized and transformed to martensite again.

2.3.3 Triple thermal cycles simulations
The triple thermal cycle is performed to investigate the influence of the tird thermal cycle on the

simulated HAZ after the double thermal cycle. The first thermal cycle is the same as the single thermal
cycle; that is, the CGHAZ is simulated. The second thermal cycle is simulated with three levels of the
peak temperature Tp2 lower than Ac I, between Ac I and A6, and higher than Ac3, and the averages of
the peak temperature Tp2 are 650, 790 and 930'C, respectively. The peak temperature of the third
thermal cycle is varied from 300 to 800'C.

The absorbed energy of Charpy impact test and Vickers hardness after the triple thermal cycle are
shown in Fig. as a function of Tp3, respectively. In the case of Tp2 (650'C) of lower than Acl the
absorbed energy and the hardness after Tp3 of 450 to 550'C was not changed as compared with those
of the second thermal cycles. In the case of Tp2 (790'C) of the range of Acl and Ac3 temperature the
absorbed energy rapidly recovered to 50 to 70% of that of as-received steel and the hardness decreased
to less than 350HVI with Tp3 of 350 to 550'C. In the case of Tp2 more than 3 temperature the
absorbed energy increased and reached to that of as-received steel with Tp3 of 350 to 550'C. However,
the absorbed energy decreased again when the peak temperature Tp3 reached at 750'C. The hardness
decreased with increasing of Tp3 but was still hi-her than 350HVI in Tp3 of 350 to 750'C.

Microstructures after the triple thermal cycle are shown in Fig. 6 For Tp2 (750'C) between Acl
and Ac3 and Tp3 (458'C) lower than Acl in Fig. 6(a) decomposition of M-A constituent and
precipitated carbides were observed. For the peak temperature Tp2 (927'C) higher than Ac3 and Tp3
(455'C) lower than Acl in Fig. 6(b) precipitated carbides were observed, which resulted in the
tempering effect.

Peak temperature of 3rd cycle Tp3 K

500 600 700 800 900 1000

5: 400 O

> 300

2007

-1 P2:930'C Acl
300

�D
'I p' 790%'

200

�C
100

0 400 5tO 600 700 800

Peak temperature of 3rd cycle Tp3 ('C)

Fig.5 Charpy absorbed energy and Vickers Fig.6 Microstructures of specimens simulatedz:1
hardness for triple thermal cycle. triple therinal cycle.
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2.3.4 Quadruple thermal cycles simulations
The quadruple thermal cycle is performed to investigate the influence of the fourth thermal cycle

on the simulated HAZ after the triple thermal cycle. The first thermal cycle is the same as the single
thermal cycle of the CGHAZ. The second thermal cycle is simulated with the three ranges of the peak
temperature Tp2 615'C lower than Ac I, 725 and 825'C between A I and Ac3 and 900'C upper than
AO. In the three different Tp2 lower than AO, Tp3 of the third thermal cycle is simulated with 450'C
because Tp3 of 450'C recovered enough the impact value as shown in Fig. 9 Then, Tp4 of the fourth
thermal cycle is varied to 300, 400, 600, 700 and 800'C. In Tp2 upper than A3, Tp3 is varied to three
kinds of the average peak temperature 560, 650 and 750'C. Then, Tp4 of the fourth thermal cycle
varied to 350, 450 and 550'C, respectively.

The absorbed energy and the hardness after the quadruple thermal cycle are shown in Fig.7 as a
function of Tp4 of the fourth thermal cycles. In the case of Tp2 between Al and AO, 725 and 825'C
the absorbed energies were already recovered with Tp3 of 450'C, and also same as those of Tp2 615'C.
Then, the absorbed energy and the hardness of these specimens were almost the same after Tp4 of 300
to 700'C. However, for the Tp4 of 825'C the absorbed energy degraded again because it is reheated to

between Acl and AO. It is noted that the
Peak temperature of4th cycle Tp4K tempered CGHAZ should not be reheated after

500 600 800 1000 the tempering therinal cycle, and welding heat
0 input and deposited area needs to be controlled

400- so as not to give the tempering of the peak
t > 300 temperature from Acl to A3. If te degradation
> occurs, one more thermal cycle with the peak

200 temperature, which is kept less than Acl, should
300 -o Acl - be additional given.
250 The absorbed energy and the hardness after

200 the quadruple thermal cycle in the case of Tp of
900'C and Tp3 of 560, 650 and 750'C are shown

Peak temperature150< in Fig. as a function of Tp4. In the case of Tp3(-C)
100 I st cycle Tp]D 1350 of 750'C the absorbed energy increased with

615 increasing of Tp4 and reached to 250J at more+ 2nd cycle Tp2o 725
5 - 0 + 825 than 450'C. It means that much lower absorbed

U 3rd cycle O 410 energy due to the peak temperature of Acl to
0 200 400 600 800 Ac3 is recovered with at the peak temperature of

Peak temperature of4th cycle Tp4 (C) 450'C of the succeeding thermal cycle. In the
Fig.7 Charpy absorbed energy and hardness for

t) case of TO of 650'C and Tp4 from 350 to 550'C,quadruple thermal cycle at peak temperature the absorbed energy was the same as tat of the
Tp2 lower than Ac3. third thermal cycles, and the values of the

Peak temperature of4th cycle Tp4K hardness also were the same and less than
600 650 700 750 800 350HVI. In the case of Tp3 of 560'C and Tp4

500 . . . . . . . . . from 360 to 470'C, the absorbed energy was theM
400 - same as that of the third thermal cycles (z3OOJ)

but the values of the hardness were still a little
300-

higher than 3 OHV 1.
> 200 Microstructures after the quadruple thermal

300 01 cycle are shown in Fig. 9(a), (b). For te peak
temperature Tp2 743'C of Ac I to Ac3 and Tp of250-

M 447'C, Tp4 of 402'C lower than Ac I in Fig. 9(a)
�B 200-

t8

1 50 d- 0
Peak temperature ('C)

0 100-
T 2nd cycle Tp2 900

560
E_ 50< 3rd cycle TO - 650

L 750
0

350 400 450 500 550

Peak temperalUTCof4th cycle Tp4 ('C)

Ficr.8 Charpy absorbed energy and hardness for Fig.9 Microstructures of specimens simulatedt�
quadruple thermal cycle at peak temperature quadruple thermal cycle.
Tp2 igher than AO.
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the structure is almost the same as that in Fig. 7(a). For Tp2 of 906'C upper than Ac3 and Tp of
5740C, Tp4 of 372'C lower than Ac I in Fig. 9(b) fine grains and tempered structure were observed.

2.4 APPROPRIATE THERMAL CYCLE
The relations between the peak temperatures of the simulated welding thermal cycles and the

absorbed energy, or the hardness have been investigated. Concerning the sound characteristics of the
CGHAZ after temper bead treatment the authors ave predicted as follows; the maximum hardness
should be considered less than 350HVI because of susceptibility of hydrogen induced cracking during
service use. Charpy absorbed energy is, of course, the higher, the better and should be at least about
70% of base steel. The CGHAZ simulated in the first then-nal cycle was classified as three categories,
according to the second thermal cycles, namely te peak temperature Tp2 lower than Ael, between
Ac I and Ac3 and higher than Ac3 as shown in Fig. I .

In the case of Tp2 lower than Ac I the absorbed energy of the CGHAZ for the Tp2 of 5 5 O'C to A I
increased to about 70% of that of as-received steel. The hardness of CGHAZ decreased to lower than
35OHVI. In this case the caracteristics in the above are fWfilled by double thermal cycles, but in
order to complete a thorough treatment, additional third thermal cycle less than Acl of Tp is
recommended.

When Tp2 happens to reach the temperature between Al and Ac3, the absorbed energy of te
CGHAZ for the Tp2 between Acl and Ac3 temperature decreased to less than about 25% of that of
as-received steel. The hardness of the CGHAZ was still more than 350HVI. By the third thermal cycle
of the peak temperature Tp3 of 450 to Acl the absorbed energy increased to about 70% of that of
as-received steel.The hardness of the CGHAZ decreased to lower than 35OHVI.

In te case of Tp2 higher than Ac3 temperature the absorbed energy of the CGHAZ for the Tp2
higher than Ac3 temperature greatly increased to more than about 70% of that of as-received steel.
However, the hardness of the CGHAZ was more than 350HVI due to re-quenching. By the third
thermal cycle of the Tp3 of 450'C to Acl, the absorbed energy was high enough and almost the same
as that of as-received steel. The hardness of the CG14AZ was reduced to about 35014VI but not
completely. By the fourth thermal cycle of te Tp4 of about 450'C to Acl the absorbed energy was not
almost changed but te ardness decreased and was lower than 35OHVI. However, applying this case
to the second layer in real welding some area of CGHAZ by first layer was reheated at te peak
temperature between Al and Ac3 in the second thermal cycle. As te absorbed energy of this area
degrades again, te further thermal cycle should be carefully applied to the area for the tempering. We
must take attention carefully in this area. Judging from te discussion in the above the appropriate
then-nal cycles recommended are considered to be that of Fig. IO from a standpoint of assurance of the
stability of the characteristics of the tempering of CGHAZ.

I st cycle CG Criteria:
Tpl:1200'( 350'C Absorbed energy, vE2 > 200J

oughness; X hardness; N 1S Vickers hardness, HV I < 350

0: Good

X No good
2nd cycle Tp2:55gc-A I AC I ---AL3 A.0 I 000' A: Indistinct

T; 0, H; 0 T ; X, H T; 0, H; X
-----------

(Min. Require

3rd cycle -1)3. -Acl 450'C-Acl 550'C.--AelF
T; 0, H; 0 T; 0, H; 0 T ; 0, H A

4th cycle Tp4: -Ac I -AC I 450"C-Aci
- - - - - - - - - - - - - - - -

T; 0, H; 0 T; 0, H; 0 T; 0, H; 0

Fig. IO Appropriate then-nal cycle to recover properties of CGHAZ.
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3. TEMPER BEAD WELDING TEST
The appropriate welding thermal cycle to improve the toughness of CGHAZ was recommended.

The welding conditions, e.g. welding current, welding voltage, welding speed and wire feeding speed
for gas tungsten arc welding (GTAW), to apply the appropriate cycle were reported by authors 2]. The
results showed the maps of welding condition selection for temper bead welding for V2A pressure
vessel steel. Fig. I shows the ranges of the appropriate welding conditions by the same condition for
each layer using gas tungsten arc welding. 2 layers temper bead welding means to give the thermal
cycle of the peak temperature from 5500C to Acl by the second temper bead layer to CGHAZ of the
first layer and 3 layers temper bead welding means to give the thermal cycle of the peak temperature
from 500C to A I by the third temper bead layer to CGHAZ of the first layer. In the range of 3 layers
temper bead above broken line the CGHAZ is eated from A I to Ac3 by the peak temperature of 2nd
layer, below the line more than A0. When the CGHAZ is reheated at more than Ac3 temperature by
the peak temperature of the 2nd layer, it is necessary for the region to give additional two termal
cycle of peak temperature less tan Acl. The termal cycles are applied by adjacent bead in d layer
and subsequent layer. So in tis case 3rd layer fulfills the soundness of the CGHAZ. Temper bead
welding test is performed to verify te validity of the map of selection for the welding condition.

100 100 --- ---- -- ---- --90 - - - 2 S 90

80 -T-er�pe 7X j�'
80 -I- -A L -1

E 70 70 -Tentpert
60 AW -Te�rnpereid-�yJrd-fis,�dr, 60
50 CL 50

.1, �. d by.
40 I' L - - 40

30 30
20 - - - - -by 2nd e 20

lo 10 - T -

0 o

116 120 125 130 135 140 145 150 155 160 165 170 176 115 120 126 130 135 140 14 10 155 160 165 170 175
Welding Current (A) Welding Current (A)

(a) Preheating (I 50'C) (b) No preheating
Fig. I I The map of selection for temper bead welding.

3.1 WELDING PROCEDURE
Two welding conditions were selected from each map. The welding conditions selected is shown

in Table 3 and plotted as cross marks in Fig. II. Welding was perfon-ned with 3 layers with preheating
and 4 layers with preheating by flat position. In case with preheating a lamination method is shown in
Fig. 12. 4th layer was laminated with 4 beads on the 3rd layer. After welding, Vickers hardness of 9.8N
load was measured at locations as sown in Fig. 13 to evaluate the temper effect. The hardness was
measured with 0.5mm pitch at about 0.5mm from fusion line.

Table 3 Weld g conditions for GTAW.
Specimen C V Ws WFS HI Ar PH IP

No. (A) (V) (cm/min) (cm/min) (kJ/cm) GFR (0c) CIQ
(L/min _

PH2 115 52 8.63 150 150-

PH3 175 10 8 62 13.13 20 150 180
NI-12 130 50 9.75 no <100
NI-13 130 30 9.75 no ,

C: Current, V. Voltage, WS: �Velding Speed, WFS: Wire Feeding Speed, HI: Heat Input, Ar GFR: Ar
Gas Flow Rate, PH: Preheating temperature, IP: Inter Pass temperature
Electrode diameter: 3.2mmo, Wire diameter: 1.2mmo, Bead overlap: 50%, Lamination shift: %

3.2 RESULTS OF WELDING TEST
The results of hardness measurement are shown in Figs. 14 and 15. Fig.14 shows the result with

preheating. In all cases the hardness by te first layer hardens more than 350HV1 but that of some
regions is less than 350HVI by tempering effect of adjacent bead. In case of 2 layers temper bead
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condition, hardness of CGHAZ by the first layer decreases less than 350HVI by temper effect of the
second layer. The 3rd layer almost doesn't affect the hardness because of low peak temperature
thermal cycles. In case of 3 layers temper bead condition, the ardness is still higher than 350HVI
after 2nd layer welding but softens less than 3001-IV I after 3rd layer welding. Fg. 15 shows the result
without preheating. In case of 2 layers tmper bead condition, hardness of CGHAZ by the first layer
decreases less than 350HVI by temper effect of the second layer. The 3rd layer almost doesn't affect
the hardness because of low peak temperature thermal cycles. In case of 3 layers temper bead
condition, te hardness is still higher than 3501-IVI after 2nd layer welding but softens less than
350HVI after 3rd layer welding. In this case the 4th layer is welded and the then-nal cycle of the layer
doesn't influence the hardness. Thus, 3 layers for temper bead welding are enough to recover the
hardness less than 350HVI, and the map of selection for welding conditions is verified as the validity.

300

35 230 3 5

Ho

IO Beads 8 Beads 6 Beads
6 0

60 1 t + 2,d+3,d Layer

V Layer 111 2111 Layer

20 0 20 0 70 20

Fig. 2 The lamination method for welding test with preheatin-

Location of hardness measurement

MCF.13 Location of hardness measurement in cross section.

1st layer 1 st layer
450 2nd layeri 450 2nd layer

3rdlayer 3rd layer
400 400

350 350
>r

300 300

250 250

200 200
13-5 14.5 15.5 16.5 17.5 18.5 19.5 -6.0 -4.0 -2.0 0.0 2.0 4.0 6.0 8.0

Relative distance (mm) Relative distance (mm)

(a) 2 layers temper bead (b 3 layers temper bead
Fig. 4 Results of hardness measurement with preheating.
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layer layer

450 2 yers
3 layers A 3 layers

400 4 layers 400 4 ayers-

NL
350 350

>

300 300

250 250

200 200

4.0 2.0 0.0 -2.0 -4.0 4.0 2.0 0.0 -2.0 -4.0
Relative distance Relative distance

(a) 2 layers temper bead (b) 3 layers temper bead
Fig. Results of hardness measurement without preheating.

5 CONCLUSIONS
In order to investigate the appropriate welding conditions for the temper bead weld repair for

SQV2A pressure vessel steel, the relations between te therinal cycles and the Charpy absorbed energy
and te ardness were examined using thermal/mechanical simulator Gleeble 1500 and the appropriate
welding parameters were evaluated. The results obtained are as follows:

(1) The absorbed energy of the CGHAZ simulated by single thermal cycle was degraded to about
30% of that of the as-received steel. The hardness increased to twice of the as-received steel.

(2) The absorbed energy of the CGHAZ was improved to about 70% of that of as-received steel and
the ardness of te CGHAZ decreased to lower than 350HVI when the peak temperature of the
succeeding thermal cycle reached to the temperature from 600'C to Ac 1.

(3) The absorbed energy of the CGHAZ degraded to about 25% of that of as-received steel and the
hardness of the CGHAZ was still higher than 350HVI when the peak temperature of the succeeding
thermal cycle reached to the temperature from Ac I to Ac3. In order to improve the absorbed energy to
about 70% of that of as-received steel and to decrease the hardness to lower tan 350HVI, additional
one more thermal cycle is necessary.

(4) The absorbed energy of the CGHAZ improved to more than 70% of tat of as-received steel but
the hardness of the CGHAZ was still higher than 350HVI when the peak temperature of the
succeeding thermal cycle was higher than Ac3. The absorbed energy improved to almost te same as
that of as-received steel but the hardness was still higher than 350HVI even after the following
thermal cycle with the peak temperature which is less than Al. To reduce the hardness to lower than
3 50HV 1, fourth thermal cycle is required.

(5) The appropriate temper bead termal cycles were suggested that in the second thermal cycle the
peak temperature Tp2 should be selected as lower than Acl but near Acl. In tis case double thermal
cycle temper bead process is possible to improve the characteristics of CGHAZ. When the other peak
temperatures (that is, higher than Acl) in the succeeding thermal cycle are applied to CGI-IAZ, triple
or more thermal cycle temper bead process should be applied.

(6) The ranges of the appropriate welding conditions were shown by the map of selection for 2 or 3
layers temper bead welding with and without preheating. Then, the validity of the appropriate ranges
are verified by the temper bead welding test.
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Abstract

To reduce tensile residual stress in a welded region, we have developed a new

cooling method that uses a water-shower behind the welding torch. When this

method is applied to the welding of austenitic stainless steel, the welding and cooling

conditions mainly determine how much the residual stress can be reduced. To

optimize these conditions, we first used a robust design method to determine the

effects of the preheating temperature, the heat input quantity, and the water-shower

area on the residual stress, and found that, to decrease the tensile residual stress,

the preheating temperature should be high, the heat input low, and the water-shower

area large. To confirm the effectiveness of these optimized conditions, the residual

stresses under optimized or non-optimized conditions were measured experimentally.

It was found that the residual stresses were tensile under the non-optimized

conditions, but compressive under the optimized ones. These measurements agree

well with the 3D-FEM analyses. It can therefore be concluded that the optimized

conditions are valid and appropriate for reducing residual stress in an austenitic

stainless-steel weld.

1. Introduction

Stress corrosion cracking (SCC) of austenitic stainless-steel welds in power-

generating plants has been one of the main concerns requiring mitigation. Reducing

high tensile residual stress can control the onset of SCC.
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Controlling the temperature distribution in welded structures is one way to reduce

tensile residual stress (Ueda, 1986; Ueda, 1983; Rybicki, 1982; Shimizu, 1987;

Sakata, 1988). An example is heat sink welding (Ueda, 1986; Ueda, 1983), which

was developed to reduce the tensile residual stress on the surface opposite to the

last welding pass. The last pass on the surface of the structure is made while the

side opposite the welded surface is water cooled. As a r6sult, the temperature of the

last-pass welded surface is higher than that of the opposite-side surface. These

thermal and welding processes reduce the tensile residual stress on the surface of

the opposite side. This technique has been applied to reduce the tensile residual

stresses on the inside of a butt-welded pipe joint.

In the case that the last-pass side is exposed to a corrosive environment, it is

important to reduce the tensile residual stress on that side. Underwater welding

(White, 1997) is an example in which tensile residual stress on the surface of the last

pass welded side is reduced. In this welding process, the surrounding water rapidly

cools the area heated by the torch. The temperature at the outside surface of the

welded region thus becomes lower than that of the inside surface of the structure.

These thermal and welding processes reduce the tensile residual stress on the

surface of the last-pass welded side of the structure.

On the other hand, there have been few studies on ways to reduce tensile stress

on the surface of a structure during the last pass when the welding is done in air.

Most welded structures are manufactured under ambient conditions; therefore, a

technique that reduces tensile stress during the last pass on the welded side in air is

particularly important. Against this background, we developed a welding method that

reduces the tensile residual stresses on the surface of the last welded layer in air. To

evaluate the method, we analytically and experimentally examined the residual-

stress distribution of an austenitic stainless-steel plate welded and then cooled

rapidly. The plate was bead welded. After the welding, the whole surface of the

welded side was cooled by a water-shower. This idea was verified by experiment; it

was found that rapid water-shower cooling of the plate decreases the residual stress.

However, the effects of welding conditions on residual stress reduction, such as torch

travel speed, the number of welding passes, and interpass temperature, were not

determined, nor were the effects of cooling conditions, such as the area of the water-

shower, the distance between the torch and water-shower, and the shower rate.

Knowing the effects of these factors on residual stress reduction will be useful.
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In this study, welding residual stresses were analyzed for various welding and

cooling conditions using a two-dimensional finite-element method (2D-FEM) To

determine the effects of various conditions on residual welding stress, we applied a

robust-design technique for evaluation of the S/N ratio and sensitivity. The effects of

each condition on tensile residual stress were estimated. The optimized conditions

were determined considering these effects. The mechanism of tensile residual stress

reduction was also examined using a three-dimensional finite-element method (3D-

FEM). The effects of the preheating temperature and rapid water cooling on residual

stress distributions were verified through these analyses and experiments.

2. Mechanism to reduce tensile residual stress by water-shower cooling

Figure is a schematic of the new welding method. Rapid cooling is done using a

water-shower behind the torch after the last pass. The objective of the rapid cooling

is to control the onset of SCC. Therefore, the residual stress on the surface of the

plate should be made compressive on the welded surface. Thus, it is important to

generate compressive residual stress in the whole region around the welding bead

by adjusting the parameter values.

Figure 2 shows the temperature and stress distributions during two welding

processes. In the first one (top of Fig. 2, the top surface of a plate is heated for a

short time and then cooled. As the surface is heated, thermal expansion occurs. This

expansion is restricted by the bulk of the plate. Compressive stress, followed by

compressive yield, thus occurs around the heated surface. Compressive plastic strain

therefore remains on the surface of the plate after the heating process. And after

moderate cooling, this compressive plastic strain generates tensile residual stress.

In contrast, in the second process (bottom of Fig. 2, after the surface of one side

of the plate is heated for a short time, it is cooled by a water-shower. The

temperature around the surface of the plate decreases rapidly when the water-

shower is applied, but the temperature inside the plate remains high. During cooling,

tensile stress occurs only on the surface of the plate, so tensile plastic strain remains

near the surface of the plate. After moderate cooling, the tensile plastic strain

generates compressive residual stress.
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3. Determination of the optimized conditions

3.1 Problem formulation

A parameter that can be set to any value by the operator is a controllable

parameter. Controllable parameters in this welding method are shown in Figure 3.

They are (A) the number of welding passes at the last layer, (B) the interpass

temperature, (C) heat input, (D) torch'travel speed, (E) the distance between the

torch and cooling area, (F) the width of the cooling region, (G) the depth of the

cooling region, and (H) the water-shower rate. Table shows the controllable

parameters and their levels. The standard value of each parameter is the second

level. The maximum or minimum value is the first or third level.

A variable that should be monitored for optimum performance is a signal factor.

Here, residual stress is the signal factor. A parameter that affects the signal factor

and cannot be controlled by the operator is an error factor. Shower-water

temperature, the position along a welding bead, and directions of stresses are error

factors. In this study, shower-water temperatures were and 40 C. Positions were

welding-start, -steady, and termination regions. For each position, the longitudinal

and transverse stresses on the welding bead, fusion line, and heat-affected zone

(HAZ) were estimated.

3.2 Data collection simulation

In the optimum process, whose conditions comprise combinations of many

controllable parameters, it is unreasonable to examine all combinations of

parameters. To estimate the effects of the controllable parameters on signal factors,

we need a convenient experimental design. An L18 orthogonal array is often used to

evaluate eight sets of controllable parameters. Table 2 shows the combinations of

controllable parameters. The effects of controllable parameters on signal factors can

be estimated by 18 sets of experiments. In the experimental conditions shown in

Table 2 Condition I indicates that the signal factor should be measured in the case

of Al, 131, Cl, Dl, El, Fl, Gl, and Hl, where the letters are the parameters and the

numerals the level: Al indicates the first level of control parameter A.

To determine the residual stress distribution for the conditions in Table 2 we did

2D-FEM analyses. A transient heat transfer analysis was done first to calculate

temperature distributions during the welding and cooling processes. Then a thermal
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elasto-plastic analysis was performed based on the temperature distributions

calculated in the heat transfer analysis.

FEM analyses were performed using a two-dimensional model. Three cases had

to be analyzed for each condition in Table 2 to determine residual stresses in the

welding-start, welding-steady, and welding-stop regions. Figure 4 shows cross

sections of these positions.

A thermal elasto-plastic analysis was done using the history of temperature

distribution determined by the transient heat transfer analysis. The stress at the

moment when the temperature finally reached room temperature is the residual

stress. The evaluation positions of the residual stress were the center of the bead, a

fusion line, and the HAZ. Residual stresses were evaluated in longitudinal and

transverse directions. Contour lines of residual stress in analytical conditions No. 

and No. 16 are shown in Figures and 6 as examples of the FEM results. The

residual stresses in Figure are not compressive enough on the surface of the plate.

On the other hand, stresses in Figure 6 are compressive enough.

3.3 Factor effects analysis

It is difficult to determine the effects of each condition shown in Table 2 on the

residual stresses calculated by the FEM. To determine the effects of each condition

on residual stresses, we did a data analysis using the nominal-the-best S/N ratio.

Figure 7 shows the flow of data analysis. The S/N ratio and each sensitivity were

calculated for each level of the controllable parameters. A factor-effect map was

made and is shown in Figure .

The level that maximizes the S/N ratio in a controllable parameter minimizes the

variance of the residual stresses. The level that maximizes the sensitivity in each

controllable parameter maximizes the absolute value of the compressive residual

stresses. To determine the optimized conditions, first, the level that maximizes the

S/N ratio and sensitivity was determined. Conditions A2, B3, F1, G3, and H2 were

set as the optimized ones. In the case that the level maximizes the S/N ratio but not

the sensitivity, the level that maximizes the S/N ratio was set as the optimized

condition because of the reduction of variance. Conditions C1 and D3 were set as

the optimized ones.
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3.4 Prediction and confirmation of the optimized conditions

(1) Prediction

The S/N ratio for the non-optimized conditions can be determined as

Al+B2+C2+D2+E2+F2+G2+H2-7T=8.94(dB) (1)

where Al indicates the value of the S/N ratio for the first level of condition A. T

indicates the mean. Te S/N ratio of the optimized conditions can be determined as

A2+B3+CI+D3+El+Fl+G3+H2- 7T = 27.29 (dB) 2)

The difference in the S/N ratio between the non-optimized and optimized conditions

is more than 18 dB. It is expected that the variance can be reduced to less than 170

when optimized conditions are applied.

(2) Confirmation

To confirm the effects of welding and cooling conditions on the tensile residual

stresses on the welded side of a specimen, three conditions were examined, as

shown in Table 3 Condition A, welding with no water-shower cooling; condition ,

welding in non-optimized conditions; and condition C, welding in the optimized

conditions. The test specimens were Type 304 stainless-steel plates. The geometry

of the test specimens is shown in Figure 9 The specimen size was 300 x 160 x 30

mm. Strain gauges were installed at the positions shown in Figure 9 to measure the

residual stress.

Residual stress distributions along the transverse line in the welding-start, -steady,

and -stop regions are shown in Figures 10, 11, and 12. Figure 10 shows the

measured residual stress distributions when water-shower cooling was not applied.

There is tensile stress in the longitudinal component whose value is more than 200

MPa. Figure 1 1 shows the measured residual stress distributions for the non-

optimized condition. Some measured data indicate tensile stress. Figure 12 shows

the measured residual stress distributions for the optimized condition. All of the

residual stresses measured in the bead, fusion line, and HAZ became compressive.

To evaluate the effects of the conditions on residual stress distributions, the S/N

ratio and sensitivity were calculated for these cases. Comparison of the S/N ratios

between the non-optimized and the optimized conditions are shown in Table 4 The

estimated improvement of the S/N ratio is 13.58 dB. On the other hand, the

experimental value is 859 dB. The improvement indicates the variance can be
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decreased to less than 1/10. The improvement of sensitivity in the analysis and the

experiment also shows good agreement.

4. Verification of the effects of the interpass temperature on residual stress

In the prediction of optimized conditions using the robust design technique, we

found that the effects of the interpass temperature on the SIN ratio and sensitivity are

bigger than that of the other controllable parameters. Here, the relationship between

the interpass temperature, which specially affects the SN ratio and the sensitivity,

and the mechanism of the tensile residual stress reduction is examined.

First, the residual stress distribution is calculated as a parameter of the interpass

temperature using 3D-FEM. Second, the residual stress is measured in experiments.

Then, the numerically calculated and experimentally measured residual stress data

are compared to verify the accuracy of the analysis. Temperature distributions in the

cross section of the plates are also studied to examine the relationship between the

interpass temperature and the tensile residual stress reduction.

4.1 Conditions of analyses and experiments

The geometry of the specimen examined here is the same as the one examined

in the previous section. The conditions of water-shower cooling and interpass

temperature are shown in Table 5. The effects of water-shower cooling on residual

stress are examined with or without the water-shower cooling. The effects of the

interpass temperature on residual stress are also examined at interpass

temperatures of 20, 100, and 200 'C.

A three-dimensional analysis model was used to calculate the temperature and

residual stress distributions. Since the specimen is symmetrical, only half of the plate

was analyzed. The residual stress distributions in the welded plate were evaluated in

two steps using finite element analysis. First, the temperature distributions in the

plate during welding and cooling were determined by a transient heat transfer

analysis. Second, the results of the thermal analysis were used to estimate the

residual stress distributions in the plate by a thermakelasto-plastic analysis.
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4.2 Analytical and experimental results

(1) Analytical results

Figures 13 and 14 show the contour lines of the residual stress derived from the

theoretical analysis described in the previous section. These figures show the

distribution of longitudinal stress and transverse stress.

Fi'ure 13 shows the residual stress distribution after the plate is cooled in air. This

figure shows that tensile stress remained on the surface and that its peak is more

than 300 MPa. The longitudinal residual stress distribution in Figure 13 becomes

tensile around the center of the welded region, and the residual stress becomes

compressed away from the welded region. In addition, the residual-stress distribution

along the centerline of the welding region was tensile from the welding start point to

the stop point. In the transverse residual stress distribution in Figure 13, the stress

along the centerline of the welded region is compressive from the welding starting

point to the halfway point along the line. At the halfway point, it changed to tensile

and remained so until the termination point. It can be concluded that the effects of

preheating on residual stress were severely restricted in the case that the plate is

cooled slowly in ambient air.

Figure 14 shows the residual stress distributions when the plate was cooled

rapidly with a water-shower. This figure shows that residual stress was reduced to

compressive on the surface and that it peaked at more than 100 MPa. Comparing the

residual stresses on the surface shown in Figure 14 with that in Figure 13 shows that

tensile residual stress at the surface of the plate is remarkably reduced by rapid

cooling with a water shower.

When the welded plate was cooled slowly in air, the effect of preheating on the

residual stress was restricted. On the other hand, when the welded plate was cooled

rapidly with a water shower, tensile stress was reduced by a greater extent than

without water-shower cooling.

(2) Comparison between analytical data and experimental data

Figure 15 compares the analytical and experimental longitudinal residual stress,

and Figure 16 shows the transverse residual stress. These figures indicate that the

residual stresses derived by analyzing the welded plate cooled slowly in air were

tensile. These stresses are equivalent regardless of the application of preheating.

When the welded plate was cooled slowly in air, the effect of preheating on the
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residual stress was restricted. On the other hand, when the welded plate was cooled

rapidly with a water-shower, the tensile stress was reduced by a greater extent than

without water-shower cooling.

It can be concluded from the above results that the measured longitudinal residual

stress and the transverse residual stress were tensile when the welded plate was

cooled slowly in ambient air, and the effects of preheating on residual stress

distributions were small. However, the tensile residual stress was reduced in the case

of rapid cooling by a water-shower. In particular, the tensile residual stress

transformed to compressive stress when rapid cooling followed preheating to 200 'C.

4.3 Temperature distributions in the welded plate

When the welded plate was cooled slowly in ambient air, tensile residual stress

occurred in the welded region. The effect of the preheating on the residual stress

distribution is severely restricted. On the other hand, when the welded plate was

cooled rapidly by water-shower cooling, compressive residual stress occurs in the

welded region. The effect of the preheating on the residual stress distribution is larger.

Here, we examined the relationship between the residual stress distributions, the

preheating temperature, and the cooling conditions from the view of the temperature

distribution through the specimen, from the welded surface of the plate to the center

of the welded metal.

Figure 17 shows the temperature distribution perpendicular to the surface at the

center of the bead. Under ambient air conditions, the temperature at the surface rises

to over 600 'C and gradually cools down perpendicular to the surface. The difference

in the temperature between the surface and interior of the sample decreases 100

seconds after the torch passed at the point, before it finally reaches temperature of

the ambient air.

Figure 18 shows the temperature distributions through the specimen from the

welded surface of the plate when the plate was cooled rapidly by a water-shower with

interpass temperatures of 20 and 200'C, respectively. In both cases, the temperature

at the welded surface is lower than that in the interior of the plate. The temperature

difference is 163 'C for an interpass temperature of 20 C and 227 C for an interpass

temperature of 200 OC, respectively. The tendency of the temperature difference

described here indicates that the higher the interpass temperature is set, the larger

the temperature difference that occurs between the welded surface and the inside of
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the plate. Tensile plastic strain is generated at the surface of the plate with these

temperature distributions. As the temperature difference increases, the quantity of

the plastic strain increases. The plastic strain causes compressive residual stress. As

a result, high compressive residual stress is generated under the conditions of

welding at high interpass temperatures and rapid cooling with a water-shower.

S. Conclusions

To reduce tensile residual stress on the surface of a structure after the last

welding pass, a new welding method has been developed. In this method, a water-

shower behind the welding torch cools the high temperature region on the welded

surface. The welding and cooling conditions for reducing tensile residual stress were

examined. A robust design technique was applied. The effects of the welding and

rapid cooling conditions on the residual stress were evaluated quantitatively. Our

conclusions are as follows.

(1) The optimized conditions to reduce tensile residual stress on the last-pass welded

side are (a) one welding pass at the last layer, (b a high interpass temperature, (c)

low heat input quantity, (d) low travel speed, (e a small distance between the torch

and cooling area, (f a wide cooling region, (g a deep cooling region, and (h a

medium water-shower rate.

(2) The effect of the interpass temperature on the S/N ratio and the sensitivity is

significantly larger than that of the other controllable parameters. The effect was

verified by analyses and experiments.

Using the optimized conditions, compressive residual stress is generated on the

last-pass welded surface at the welding-start point, welding-steady region, and

welding-stop point. SCC does not occur under compressive stress. Therefore, it can

be avoided by using the new welding method and the optimized conditions at welded

regions of austenitic stainless steel.
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torch and cooling area cooling region

Fig. 3 Controllable parameters of new welding method

Table Controllable parameters and their levels

Controllable parameter Level
1 2 3

(A) Number of welding pass 2 1 ...

(B) nterpass temperature Low Medium High

(C) Heat input Low Medium High

(D) Torch travel speed High Medium Low

(E) Distance between torch and cooling Long Medium Short

(F) Width of cooling region Long Medium (Long)

(G) Depth of cooling region Short Medium Long

(H) Water shower rate Low Medium High

Table 2 Ll 8 orthogonal array

Controllable Analytical condition No.
parameter 1 2 3 4 ----- 16 17 18_

(A) Al Al Al Al ..... A2 A2 A2

(B) Bl BI Bi B2 ----- B3 B3 B3

P C1 C2 C3 Cl ----- cl C2 C3
(D) DI D2 D3 DI D3 DI D2
(E) El E2 E3 E2 ----- E2 E3 El

(F) FI F2 F3 F2 ----- F3 FI F2
(G) GI G2 G3 G3 ----- GI G2 G3

(H) HI H2 H3 H3 ----- H2 H3 HI
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Fig. Contour lines of residual stress in analytical condition No. 
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I-A
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Transverse
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Fig. 6 Contour lines of residual stress in analytical condition No. 16
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Residual stress Wa)
Analytical Start Steady Stop

condition No.
Bead FL HAZ Bead FL HAZ Bead FL HAZ

L N1 III 197 4 60 202 199 78 209 42
1 N2 168 267 7 85 237 217 131 291 44

T NI -196 110 84 -236 -101 198 -224 53 115
N2 -142 195 92 -219 -49 223 1-181 113 130

18

L: Longitudinal
Data analysis T: Transverse

AP FL: Fusion Line
Controllable S/N ratio (dB) Sensitivity (dB)
parameter 1 2 3 1 2 3

(A) 10.61 12.97 51.20 52.18 ...
(B) 4.85 10.26 20.27 49.01 52.12 53.95

(H)

Fig. 7 Data analysis flow

22
20 - 0 Optimized
18 - A Non-optimized
16 -

.2 14
W * 90 a�_ Mean2 ------- -----
Z 10 11.79 (dB)
co 8

6
4 L . . . . . . . . . . . . . . . . . . . . .

Level 1 2 1 2 3 1 2 3 1 2 3 1 2 3 1 2 (1) 1 2 3 1 2 3
Parameter A B c D E F G H

5.4 Optimized0
53 A Non-optimized

52 Mean
Z 51.69 (dB)51

50
co

49 L

Fig. 8 Map of factor effects
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Table 3 Experimental conditions for confirmation

Conditions A B C
WI non- optimized

Controllable parameter cooling optimized

(A) Number of welding pass 1 (A2) 2 (Al) I (A2)

(B) nterpass temperature C) 200 (133) 100 (132) 200 (133)

(C) Heat input (kJ/cm) 20 (Cl) 30 (C2) 20 (CI)

(D) Torch travel speed (mm/min) 50 (M) 90 (D2) 50 (M)

(E) Distance between T and (mm) 50 (E2) 20 (El)

(F) Width of cooling region (mm) ----- 80 (Fl) 80 (Fl)

(G) Depth of cooling region (mm) ..... 80 (M) 80 (M)

(H) Water shower rate (Ilmin) ----- 1 (1-12) 1 (1-12)

stop
point 23

14

12

bead 1 0

H-1 8

6 t:strain gauge

300

�TAIL

bead HAZ base metal

SUS304 I point fusion line

160

thickness: 30 (unit, mm)

Fig. 9 Geometry of specimen
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Fig. 12 Residual stress distributions in condition C (optimized)
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Table 4 Comparison between analysis and experimental results

aracter- S/N ratio (dB) Sensitivity (dB)
ic

stimation Experiment Estimation Experiment

Optimized 26.26 19.24 55.56 52.71

Non-optimized 12.68 10.65 53.51 50.77

Improvement 13.58 i-59 1.94

Table Analytical and experimental conditions for verification

ditions
- 1 2 3 4 5Controllable parameter \

(A):Number of welding pass

(B):Interpass temperature MM African 5" AMR,

(0c) 100

(C):Heat input 20 20 20 20 20
(kJ/cm) I

(D):Torch travel speed 50 50 50 50 50
(mm/min)

(E):Distance between torch 20 20
and shower (mm)

(F):Width of cooling region
(mm) Without water-shower 80 80 80. INI moms

(G):Depth of cooling region cooling I
(mm) 80 80 MINIME

(H):Water supply rate I Rmmg �'MIAMI
(Umin) I
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Interpass temperature: Interpass temperature: Interpass temperature:
20 OC 100 OC 200 OC

stop
HE

W., 1. TXLong Ta
tu d in a l .. .... .. ......

longilt inal direction

Mirm

Trans-
verse tran

d i

P wa FT

I=: tensile stress M: compressive stress

Fig. 13 Residual stress distribution for ambient-air cooling

Interpass temperature: Interpass temperature: Interpass temperature:
20 OC 100 OC 200 OC (Optimum)

stop
'7F AIM1:CLongi- VSU

tudinal,
long udinal dire

-e. 1U. .1I T M
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M.. 'ESAt' WON
Trans- 11M
vers transvers

direction

-u

IM: tensile stress M: compressive stress

Fig. 14 Residual stress distribution for water-shower cooling
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Fig. 15 Longitudinal residual stress distribution
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ABSTRACT

It is well known that as the embrittlement due to neutron irradiation of reactor pressure
vessel (RPV) steels, there is the tendency of the decrease in Charpy absorbed energy at upper
shelf region (USE), in addition to the shift of ductile-brittle transition temperature.
Concerning to the regulation of the upper shelf region, no method is provided to evaluate
integrity for RPV steels with USE of less than 68J in Japanese codes.

Under the circumstance, the reduction tendency of USE using simulated Japanese RPV
steels, irradiated by fast neutron up to I X 124 M2 , E>lMeV in the OECD Halden test
reactor, was investigated to establish the basis of the USE prediction after 60 year plant
operation for the integrity assessment of the RPVs.

This paper describes the results of an atom probe tomography characterization of irradiated
steels. A new form of USE prediction equation was developed based on the atom probe
tomography characterization and the Charpy impact test results of the irradiated steels. And,
the USE prediction equations have been determined through the regression analysis of the test
reactor data combined with Japanese surveillance test data.

Nomenclature

USE = upper shelf energy
USEii = inital USE of unirradiated material
USE,,, = USE of the mateial after neutron irradiation
,J USE = decrease in USE for irradiated material
Cu copper content (wt%)
Ni nickel content (wt%)
0 = neutron fluence (x I 0"n/m', E> I MeV)
cij = constant

1. Introduction
Neutron irradiation affects the toughness of RPV steels in both transition temperature

region and upper shelf region. To evaluate te integrity of RPV steels after long-term
operation (ex. assuming 60 year operation), it is necessary to predict te material toughness
through the operation period.

As for the pressurized then-nal shock, tests and analyses were conducted in the PTS project
of Japan Power Engineering and Inspection Corporation (JAPEIC), and the achievement of
the project was standardized in the Japan Electric Association Code (JEAQ 4206 in 1991 [1]
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to assess the structural integrity in the ductile-brittle transition region of RPV steels.
Concerning to the regulation of the upper shelf region, neither authorized method to

predict te fracture toughness of RPV nor te method to evaluate the integrity of RPV in case
of USE less than 68J has been prepared in Japan. On the other hand, in the U.S.A., the NRC
Regulatory Guide (R.G. 199 Rev.2 2] provides the method to predict the decrease in USE
due to neutron irradiation. Since the data used for the development of this prediction method
in R.G. is based on tests of different materials from Japanese ones and the data at high fluence
region are limited, it is necessary that the prediction equation of USE value should be
developed which would be applicable to Japanese RPV steels.

So the objective of this study is to develop te correlation equation between neutron
fluence and decrease in USE using test materials equivalent to the actual Japanese RPV steels
and Japanese surveillance test data.

2. Materials and Irradiation Conditions
It is recognized that copper has the largest influence on the decrease in USE among

candidate affecting chemical compositions such as copper, nickel, silicon and phosphorus.
Based on tis knowledge and the chemical compositions of the Japanese RPV steels, 9 kinds
of base metals, 4 kinds of weld metals have been prepared as test materials in order to study
the effects of chemical compositions. The chemical compositions and initial USE of test
materials are shown in Table 1. The specimens are standard Charpy V-notched specimens of
Japanese industrial standerd JIS Z 2202.

Specimens were irradiated at the OECD Halden test reactor in Norway. The target fluence
levels of the irradiation are low 3 x 1023 n/M2), medium 6 x 1023 n/M2 ) and high (I X 1021 n/m2
(>IMeV) fluence conditions considering the maximum fluence at 48 Effective Full Power
Year eration 60 year operation) of 2 and 3 loop PWR in Japan 3]. Neutron flux is between
3 x I "Pand 6 x1016 n/M2S. Irradiation temperature is aimed to 290T (Operating temperature
of the beltline of PWR vessels) ± I O'C.

3. Experimental Procedures
3.1 Atom Probe Analysis

Irradiated base metal B3 0.17 wtCu) in the low, medium and high fuence conditions and
139 0.04 wtCu) in the high fluence condition were prepared for atom probe analysis. These
base metals were fabricated into needle-shaped atom probe specimens by eectropolishing.

The three-dimensional atom probe (3DAP) used for this characterization was the Oak
Ridge National Laboratory energy-compensated optical position-sensitive atom probe
(ECOPOSAP). Atom probe tomography using the 3DAP was performed in ultrahigh vacuum
(background pressure <2 x 10-10 mBar) with a specimen temperature of 50 K a pulse
repetition rate of 1.5 kHz, and a pulse fraction of 20% of the standing voltage.

3.2 Charpy Impact Testing
Charpy impact tests were carried out to obtain both the USE values and transition

temperature properties for irradiated materials. USE was defined as the averaged value of
absorbed energies of more than three specimens at each temperature, all of whose fracture
appearance indicates I 0% ductile fracture.

4. Results and Discussions
4.1 Atom Maps using 3D Atom Probe

Atom maps of the solute distribution in the irradiated material B3 017 wtCu)
represented the early-years Japanese PWR plant steels were shown in Figure I (a) for te low
fluence condition 3.1 x IO" n/ni'), Figure I b) for te medium fluence condition 62 x 1023
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n/M2 ) and Figure I(c) for the high fluence condition (1.2x 1024 n/rn2). All three irradiation
conditions were found to exhibit high number densities of approximately spherical ultrafine
copper-, manganese-, nickel- and silicon-enriched precipitates.

High magnification examples of some representative individual precipitates were shown in
Figs. 2(a) and 2(b) for irradiated material B3 in the high and low fluence conditions,
respectively. These high magnification maps indicated that in irradiated B3, the copper was
located at the core of these precipitates and that the manganese, nickel and silicon have more
extensive profiles. And, a lower number density of some essentially copper-free silicon-,
manganese- and nickel-enriched precipitates was also observed in iradiated testmaterial B3.

Atom maps of the solute distribution in the matrix of irradiated material B9 0.04 wtCu)
represented the recent Japanese PWR plant steels were shown in Figure 3 for the high fluence
condition 12 x 1024 n/M2). Significant solute inhomogeneities were observed in this
irradiated steel as indicated by the local enrichments of silicon, manganese and nickel,'

High magnification examples of some representative individual precipitates were shown in
Figure 4 for irradiated test material B9 in the high fluence condition. Generally, the
morphology of these local enrichments was approximately spherical. However, one of these
enriched regions exhibited a more linear morphology, as shown in Figure 4 These silicon-,
manganese- and nickel-enriched precipitates may also produce embrittlement in this low
copper steel during neutron irradiation.

4.2 Charpy Impact Test Results
a) Effects of Nutron Fluence

The decrease in USE (A USE) was plotted as a function of neutron fluence ( P ) for base
metal B3 and B9 as shown in Figure 5. The A USE was defined as follows:

A usE = usE,,, - USEi,, /USE,,,, x I 0 (1)

where UEjj is inital USE of unirradiated material and UEi,, is USE of the mateial after
neutron irradiation. The base metal B3 0.17 wtCu) and B9 0.04 wtCu) represented the
early-years and the recent Japanese PYVR plant steels, respectively. Linear relation could be
observed and the straight line was determined by the least squares best fitting. Ultra-fine
precipitates in the irradiated base metal B3 and B9 observed by the 3DAP were also shown in
Figure 5. It seems that the decrease in USE has been caused by the copper-, manganese-, nickel-
and silicon-enriched precipitates in all fluence conditions and copper-free silicon-,
manganese- and nickel-enriched precipitates in high fluence condition.

The A USE of the irradiated weld metals WI and W4 were plotted in Figure 6 in the relation
between A USE and . The weld metal WI 0.20 wtCu) and W4 0.02 wtCu) represented
the early-years and the recent Japanese PWR plant steels, respectively. Linear relation could
be observed and the straight line was determined by the least squares best fitting as same as
the base metals.

Since the relation between logarithmic A USE and the logarithmic P for the irradiated test
materials was almost linear as shown in Figs. and 6 the relation between A USE and was
defined by Eq. 2):

A USEOC OC11+C12 1090) (2)

b)Effects of Copper Content
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The decrease in USE data of base metal , B3, B4, B5 and 139 for effects of copper
content were plotted in Figure 7 in the relation between A USE and copper content. Base metal
B3 0.17 wtCu) and B9 0.04 wtCu) represent the early-years and the recent Japanese
PWR plant steels, respectively. Base metal B 1 0.21 wtCu) and B5 (O I 0 wtCu) were
varied in copper content from base metal B3. Base Metal B4 0.17 wtCu) was varied in
initial USE value from base metal B3 A USE of base metals were clearly shown to increase
with copper content and saturated at roughly 02 wt% copper content. These saturating (tanh)
lines in this figure were determined by te least squares best fitting.

The decrease in USE data of weld metal WI, W2, W3 and W4 for effects of copper
content were plotted in Figure in te relation between A USE and copper content. Weld metal
WI 0.20 wt"oCu) and W4 0.02 wtCu) represent the early-time and the recent Japanese
PWR's RPV weld metal, respectively. Weld metal W2 0.13 wtCu) and W3 (O I 0 w/oCu)
were varied in copper content from weld metal WI. A USE of the weld metals increases with
copper content and saturates at roughly 0. 15 wt% copper content. These saturating (tanh) lines in this
figure were also determined by te least squares best fitting. The trend of the weld metal showed
similar that of the base metals as shown in Figs 7.

As generally known, the higher copper contents, the higher decrease in USE were observed.
There was tendency that the effect of copper content was saturated in high copper content
regions, wich was consistent with NUREG/CR-6551 4]. Since the copper-enriched
precipitates and copper-free precipitates in the irradiated materials were observed by the atom
probe analysis, A USE prediction equation includes terms which are dependent of the copper
content and constent. The relation between A USE and the copper content for the base metals
and the weld metals was defined by Eq. 3):

A USE oc c. + 22(0.5 + 0.5 tanb((Cu- C23) /C24 (3)

c) Effects of Nickel Content
The decrease in USE data of base metals for effects of nickel content were plotted in

Figure 9 in the relation between A USE and nickel content. Base metal B5 0.59 wtNi) was
the reference. Base metal B6 0.92 wtNi) was varied in nickel content from base metal B5.
A USE of the base metal B5 at 86 x 1023 n/M2 was obtained from the test data by interpolation.
A USE clearly increased with nickel content. The relation between A USE and the nickel content

was defined by Eq. 4):

A USE oc (I c3 x Ni) (4)

d) Effects of Silicon and Phosphorus Contents
The relations between A USE and silicon and phosphorus contents were presented in

Figs. IO and I , respectively. Base metal B5 0.14 wtSi 0009 wtP) was the reference.
Base metal B7 0.32 wtloSi) and B8 0.017 wtP) are varied in silicon and phosphorus
contents from base metal B5, respectively. A USE of the base metal B5 at 86-8.7 x 1023 n/M2

was obtained from the test data by interpolation. Large data scattering was evident in these
figures and trend lines seemed almost horizontal. Thus A USE was almost independent on
silicon and phosphorus contents of the test materials.

e) Effects of initial USE
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The decrease in USE data of base metals for the effect of initial USE were shown in
Figure 12. Base metal B2 (153J) and B4 (82J) were varied in initial USE values from base
metal B3 (102J). Large data scattering was evident in this figure and trend line was almost
horizontal. A USE was thus shown independent on the initial USE value of the test materials.

5. Development of the USE prediction equations
Based on the above relations, a new formula of A USE prediction equation was defined,

as follows:

A USE= c. + C21 + 22 x (0.5 + 0.5 tanh((CuC23)/C21)) X (1 + C31 XNi) X(P(e11_C12 1090) (5)

J USE = decrease in USE for irradiated material
Cu copper content (wt%)
Ni nickel content (wt%)
(P = neutron fluence (X 123 n/M2 , E> I MeV)

cy = constant

The A USE prediction equations of this form for base metal and weld metal, which are
applicable to both PWR and BWR, have been developed through the regression analysis of
the data obtained in this study combined with Japanese surveillance test data. In these
analyses, the nonlinear least squares techniques to minimize the sum of squared residuals
(difference between the actual and predicted A USE) was applied. The total number of data
used in the analysis is 203 for the base metal, and 116 for the weld metal, respectively. The
new USE prediction equations for the base metal and the weld metal were established as
follows:

(Base metal)
A USE = 0.95+ (5.23+9.36x(O.5 0.5tanh((Cu -0.087)/0.034))x (I 0.59xNi)x 00.349-0.W1090) (6)

(Weld metal)
A USE = 2.78+ 9.78 + 3.96x (0.5 + 0.5 tanh((Cu -0.086)/0.045))x (I 363 x Ni) xO(O.234+0.0151og(P) (7)

All USE data of the base metals and the weld metals in this study and the Japanese
surveillance test were plotted in Figs.13 and 14 in the relation between predicted USE and
actual USE, respectively. A straight line corresponding to USE[Predicted = USE[Actual]
(with 45 degree slope), a couple of dotted lines with ±25% against the actual USE were also
shown in these figures. The data points in the figures were included mostly in the band of ±
25% against the actual USE. From these figures, the proposed prediction equations were well
corresponded with the test results. Therefore, te new USE prediction equations are
reasonably well and applicable to both Japanese domestic PWR and BWR plants.

6. Conclusions
A USE prediction model was established based on results of atom probe analysis and

data obtained in this study combined with Japanese surveillance test data and its features are
follows;
(I)A high number density of approximately spherical ultrafine copper-, manganese-, nickel-

and silicon-enriched precipitates were detected in the high copper irradiated material by the
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atom probe analysis. A lower number density of some essentially copper-free silicon-,
manganese- and nickel-enriched precipitates was also observed in the high copper
irradiated material. A lower number density of silicon-, manganese- and nickel-enriched
precipitates were observed in the low copper irradiated material.

(2)The decrease in USE for irradiated materials depends on neutron fluence, copper and
nickel contents. However, the decrease in USE is independent on initial USE, silicon and
phosphorus contents of test materials. Based on these relations, a new form of USE
prediction equation was defined.

(3)The USE p redaction equations by the formula have been developed through the regression
analysis of the data obtained in this study combined with Japanese surveillance test data.
The proposed USE prediction equations are well corresponded with the test results.
Therefore, the USE prediction equations are reasonably well and applicable to both
Japanese domestic PWR and BWR plants.
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Table I Chemical compositions of test materials

Test material Chemical compositions (wt%) Initial USE
No. Cu P Si Ni USEj,,j (J)
B 1 0.21 0.609 0.17 0.63 104
B2 0.16 0.011 0.16 0.62 153
B3 0.17 0.010 0.15 0.62 105

Base 134 0.17 0.009 0.15 0.62 82
metal 135 0.10 0.009 0.14 0.59 102

B6 0.10 0.008 0.13 0.92 120
B7 0.10 0.009 0.32 0.63 101
138 0.10 0.017 0.14 0.63 93
139 0.04 <0.005 0.22 0.62 265

1 0.20 0.016 0.30 0.88 139
Weld W2 0.13 0.016 0.30 0.86 174
metal W3 0.10 0.016 0.27 0.88 195

W4 0.02 0.008 0.28 0.84 262
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1 Introduction

It is well known that reactor pressure vessel steels suffer a degradation of the

mechanical properties caused by neutron irradiation. Unfortunately, the ultra-fine

microstructural features produced by irradiation cannot be directly detected by means

of microscopic imaging techniques. Indirect evidence can, however, be obtained on

the basis of Positron Annihilation Spectroscopy (PAS) and Small-Angle Neutron

Scattering (SANS). The latter method has the advantage of high sensitivity to particle

sizes from less than to more than 10 nm in conjunction with integrating over a

macroscopic volume (Fig. 1). Volume integration is important, because the difference

between SANS intensities for neutron-irradiated material and unirradiated reference

becomes independent of local fluctuations of both composition and microstructure.

Furthermore, both size distribution and volume fraction of irradiation-induced defects

can be calculated from measured SANS intensities. The ratio of SANS intensities for

magnetic and nuclear scattering reveals also information on the composition of

defects.

In the Institute of Safety Research at the Forschungszentrum Rossendorf SANS

experiments on Reactor Pressure Vessel (RPV) steels have been systematically and

successfully designed, performed and analysed for a period of more than 10 years.

In the present paper a short overview of the main results obtained by the Rossendorf

group is given. Some open questions are summarized. On the other hand, one will

not be able to obtain optimum information on the basis of a single experimental

technique alone in most cases. From this viewpoint, supplementary experimental

methods and numerical simulation techniques are considered.
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2. Experiments

2.1 Materials and specimens

Among the materials that have been neutron-irradiated for the purpose of

qualification of surveillance programmes and scientific studies within the last two

decades there are VVER440- and VVER1000-type RPV steels (base and weld

metal), ASTIVI-type RPV steels (base and weld metal) and model alloys of different

composition. The irradiation conditions (temperature, flux) were selected to closely

approximate the critical region of the RPV. For documentation of composition,

microstructure and irradiation conditions we refer to our published work [1]. The

present paper is focussed on selected representatives of each class of steels and

alloys: the VVER-440 type RPV steel 15Kh2MFA (code KAB), the ASTM steel A533B

cl.1 (IAEA reference material JRQ) and both a low-Cu (code A) and a high-Cu (code

B) model alloy. Details are given in Tables and 2.
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Tab. Composition of selected RPV steels and model alloys

Steel/Alloy/Code C Si P S v Cr Mn Ni Cu MO

15Kh2MFA KAB 0.14 0.24 0.011 0013 027 260 0.55 0.24 0.22 062

A533B cl.1 JRQ 0.19 0.25 0.019 0.004 0.003 012 1.41 0.84 0.14 0.50

Model alloy A 0.01 0.15 0.002 0.004 0.39 0.01 0.015

Model alloy 0.01 0.24 0.012 0.005 0.49 0.01 0.42

Tab. 2 Irradiation conditions (neutron fluence, , neutron flux density, (p, both for

neutron energies > 0.5 MeV, and irradiation temperature, T) and radiation-

induced mechanical property changes 0.2% proof stress, R0.2, and shift

of brittle-ductile transition temperature, T48, at impact energy of 48 J)

Steel/Alloy/Code O/ 10111 CM-2 �0/ 1012 CM-2S-1 TPC jRpO.2/MPa AT48 K

15Kh2MFA / KAB 2.3 0.10 255 51 50

4 0.27 255 118 -

9 0.13 255 134 -

80 3.4 255 190 108

143 5.5 255 234 -

A533B cl.1 / JRQ 1 0 0.15 255 201 125

77 3.0 255 282 178

139 5.4 255 355 221

Model alloy A 1 0 0.4 270 196 101

80 3.0 270 256 126

Model alloy 10 0.4 270 212 121

80 3.0 270 189 121
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Specimens for SANS were taken as usual either from undeformed broken halves of

Charpy-V notch impact specimens or from the head of tensile specimens. Slices,

about mm thick, with parallel plane faces are well suited for SANS without the need

of a special surface preparation.

2.2 Methods

The basis of any SANS experiment is a neutron source. Therefore, large-scale

facilities as provided e.g. in the Institute Laue Langevin (ILL) in Grenoble (instrument

D11) or in the Hahn-Meitner Institute (HIVII) in Berlin (Instrument V4) are used. The

experimental set-up is schematically depicted in Fig. 2.

velocity transmission magnefic area
selector polariser quidefield collimators spinnipper sample detector

1-16M
2m rn116M 12m. 81,

Fig. 2 Schematic of the SANS instrument V4 at HMI Berlin (URL: http://www.hmi.de/

bensclinstrumentation/instrumente/v4/v4.html)

The mentioned slices of RPV steel are fixed in a specially designed sample holder

and oriented normally to the neutron beam. They can be magnetized up to magnetic

saturation if necessary.
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The original result of each measurement is the number of counts (neutrons) in each

element of the area detector. After proper calibration and correction 2 (e.g. sample

holder) the angular distribution of scattered intensities is obtained. For the theory of

SANS we refer to standard textbooks 3].

The standard representations of SANS results are the 2-climensional angular

distribution of scattered intensities (Fig. 2 and the scattering curve given by the

dependence of the scattering cross section, dX/dD, on the scattering vector,

Q=(47r/A)sin(0/2) A and are neutron wavelength and radial scattered angle, resp.

Typical examples of measured angular distributions are shown in Fig. 3 for a

specimen in the demagnetized condition and magnetized to saturation. In this way

magnetic and nuclear contributions to the scattered intensity can be separated. By

comparing the results with model calculations, additional information on the

composition of scatterers can be obtained. On the other hand, the size distribution of

radiation-induced defects is calculated by Fourier-transforming the scattering curve

for an irradiated material and subtracting the background obtained for the

unirradiated reference. Furthermore, the volume fraction of radiation-induced defects

is given by an integral over the size distribution.

di I CrrF1 dE cm-'
without magnetic field �E with magnetic field �IQ

1.0 E+1.0 L E+1.0
Q E+0.7 Q E+0.7

E+0.4 / rn_�� E+ 0.4
O. 5-' 0-5� IE+O. 1 E+0.1

i E-0.2
0 0.5 0 E-0.5

E-0.8 E-0. 8
E-1.1 E-1 I0.5 0. 5_�
E-1A E-1.4
E-1,7 E-1.7

110 ............ .. .. .......... 6 6 E-2.0 E-2.01.o 6.5 0 .0 0.5 0 0.5 1.0
Q / nnn-1 Q / nm-1

Fig. 3 2-dimensional angular distribution of scattered intensities measured without

(left-hand side) or with (right-hand side) applied magnetic field. Note that the

original image is colour-coded.
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3. Results

The following results of SANS measurements are presented in terms of the

scattering curves (left-hand side) and the calculated size distribution (i.e. volume

occupied by defects in a certain size interval versus size). The results for the VVER-

440 RPV steel 15 Kh2MFA (code KAB) are presented in Fig. 4 The scattering curves

clearly reveal an irradiation-induced increase of the scattered intensity. The size

distributions show that the radii of irradiation-induced defects cover sizes up to 3 nm.

With increasing neutron exposure expressed in terms of dpa (1 dpa corresponds to

about 1021 CM-2 for neutron energies >0.5 MeV) the volume fraction of defects tends

to increase but their mean size remains constant or increases only slightly. In Fig. 

corresponding results are shown for the ASTM steel A533B c.1 (code JRQ). It is

observed that the irradiation-induced defects cover the same range of sizes, but the

extra scattered intensities and the resulting volume fractions are significantly higher

for the material JRQ than for KAB. The results of SANS experiments after annealing

heat treatments of irradiated material JRQ are summarized in Fig. 6.

0.15
0 143 dpa (a)10 0.143dpa (a)
0.080 dpa ---- 0.080 dpa

---- 0009 dpa 0.009 dpa
* 0004 dpa 0.10 0.004 dpa
A 0002 dpa ------ 0.002 dpa
* unirradiated0.1 unirradiated

0.05
0.01

0.001- 0.00
0 143 dpa10 D 0.080 dpa (b) 0. 1 43 dpa (b)

---- 0-080 dpa
---- 0.009 dpa 0.20 0.009 dpa

0.004 dpa 0.004 dpa
0.002 dpa 0.15

0.1 ut�rradiated ------ 0.002 dpaMirradiated
F0.10

0.01 <

11� 0 '05

0.001
0.2 0.3 0.5 1 2 3 0 .(O 0 5 10 15

Q nrf' R/nm

Fig. 4 Nuclear (top) and magnetic (bottom) contributions to the scattering curves and

size distributions weighted with nuclear (top) and magnetic (bottom) scattering

cross section for RPV steel 15Kh2MFA (KAB).
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10 0.3
- 0.139 dpa (a) 0 139 dpa

o 0.077 dpa ---- 0.077 dpa
I -- ----- 0.010 dpa

0.0 10 dpa
0 unirradiated 0.2 ------- unirradiated

0.1
L

O. I

0.01
�P

O.OOl:: 0.139 d'
10 Pa (b - pa

o 0.077 dpa 0.5 ---- 0077 dpa
0.010 dpa E 0.010 dpa

I e unirradiated r--,!z 0.4 unin-adiated

0.1 0.3

0.2
0.01 <

0.1

0.001 0. 0
0.2 0.3 0.5 1 2 3 0 5 10 15

Q1 nnf, R nrn

Fig. 5 Nuclear (top) and magnetic (bottom) contributions to the scattering curves and

size distributions weighted with nuclear (top) and magnetic (bottom) scattering

cross section for RPV steel A533B c.1 (JRQ).

I . I I 0.3
10 itTadiated(O.139dpa) (a) (a)

a unirradiated irradiated (O. 39 dpa)
---- 698 K

0.2
723 K
748 K

2 0.1 ------ unirradiated
after ffadiati
annealing lei., X < 0.1

0.01 698 K Xx
* 723 K
* .7480.001:: 0.0

(b)I 0 -WX ex o irradiated(O.139dpa) N 7 I irradiated (O 139 dpa)
W go 9 unirradiated 0.5 ---- 698 K

OA 723 K
748 K

0-1 --after irradiati 0.3 ------- unirradiated

annealing ten"perat 0.2
a 698 K0.01 -:*X.
x 723 K 0.1
+ 748 K

0.001 - . . 0.0

0.2 0.3 0.5 1 2 3 0 5 10 15
Q Mn-, R/nm

Fig. 6 Nuclear (top) and magnetic (bottom) contributions to the scattering curves and

size distributions for irradiated and annealed RPV steel A533B c.1 (JRQ).
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In Figs. 7a and 7b the scattering curves and resulting size distributions are compared

for the model alloys A and B. It is obvious that the high-Cu model alloy B is more

susceptible to neutron irradiation than the low-Cu alloy A.

FealloyB � A08dpa O.Oldpa10
Fe alloy A -------- 0.08 dpa 0.01 dpa

_rn Fe alloy B 0.01 dpa�
;jP after annealing 748 K)

0
C3 0

0.1

Uni
0.01

0 Fe alloy B
0 Fe alloy A %to 0

0.001 ------------ L------- L_ I I *Rol 000

(a) 0.2 0.3 0.5 2 3

Q / im

Fig. 7a Magnetic contribution to the scattering curves for model alloys A and B

Fe alloy B (0. I dpa)
0.2 Fe alloy B 0.08 dpa)

Fe alloy B 0. I dpa)
after annealing 748 K)
Fe alloy A (0.08 dpa)
Fe alloy A (0.01 dpa)0.1

0.0

(b) 0 5 1 0 1 5
R/nm

Fig. 7b Size distribution of irradiation-induced defects in model alloys A and B

obtained from the magnetic scattering contribution
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Whereas with increasing annealing temperature the size range covered by the

irradiation-induced defects remains roughly constant and the volume fraction

decreases in the case of material JRQ (Fig. 6 a growth of the defects up to about

6 nm is observed in the case of the high-Cu model alloy (Fig. 7b).

4. Discussion

It is observed in Figs. 4 and partly in Fig. 7b that the volume fraction covered by

irradiation-induced defects in a given size interval increases with increasing neutron

fluence. As the size range remains roughly constant, it can be concluded that the

main effect of neutron irradiation is an increase of the number of defects, i. e. the

formation of new defects with increasing irradiation time (at constant flux density).

The effect of neutron fluence (dose) on the volume fraction of irradiation-induced

defects is presented in Fig. 8. The results for the ASTM steel JRQ are specified by

the continuous line, the dashed and dotted lines relate to the same type of steel but

different Cu concentrations. Cu content is given in the figure.

9 9 I I 9

0.8 Cu = 029 %

0.6

Cu 0.14 %0.4

0.2

CU 0.01 %

0.0
0.00 0.05 0.10 0.15

neutron dose dpa

Fig. 8 Volume fraction, Ac, versus neutron dose for A533B cl.1 -type steels with given

Cu content (continuous line refers to JRQ).
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From simple general arguments one could expect a proportionality between volume

fraction or number (at roughly constant size) of irradiation-induced defects. Fig. 

shows that this expectation is not justified for higher Cu concentrations cc,,> 014%.

The volume fraction is observed to increase more rapidly at low doses and less

rapidly at higher doses instead. This can be a consequence of Cu depletion of the

matrix but other effects may also play a role. For ultralow-Cu steel the situation is

reverse: The irradiation-induced formation of defects is more pronounced at high

values of neutron dose. The type of defects is likely to be different from the higher-Cu

case with respect to the role of both Cu and neutron dose. With the exception of the

ultralow-Cu, high-dose points in Fig. (where a different mechanism is likely to

occur) the volume fraction of irradiation-induced defects is roughly proportional to the

Cu concentration. This observation points out the outstanding role of Cu atoms in the

formation of defects. On the other hand, it does not require the defects to be pure-Cu

or Cu-rich precipitations.

More direct information on the composition of the defects can be obtained from the

ratio, A, of the scattered intensities perpendicular and parallel to the external

magnetic field. From theory of neutron scattering an A ratio of 12 is expected for pure

Cu precipitates in Fe. Measured values of the A ratio are in the range from about 2 to

4. It can be concluded that irradiation-induced defects are far from being pure Cu.

The Cu concentration of individual defects can be estimated by means of Atom

Probe Field Ion Microscopy (APFIM). Enrichment factors of Cu in the defects

(related to the nominal Cu content of the RPV steel) of about 100 are reported 4.

For material JRQ this corresponds to a Cu content in the defects of about 14%.

Comparison of Cu content and SANS results for steels 15Kh2MFA (KAB) and A533B

cl.1 (JRQ) reveals that the volume fraction of irradiation-induced defects at

comparable doses is higher for JRQ (Fig. 5) than for KAB (Fig. 4, although the Cu

content is less in JRQ (Tab. 1). This is further evidence that other elements than Cu,

essentially Ni, play also an important role in the process of defect formation.

Another approach to characterize the irradiation-induced defects is based on

annealing heat treatments. Results of SANS experiments performed on irradiated



- 10.11 -

and annealed material JRQ are given in Fig. 6 The following results can be obtained

from the defect size distributions:

• The volume fraction of irradiation-induced defects decreases with increasing

annealing temperature.

• The range of defect sizes is nearly independent of annealing temperature.

• It follows that the number of defects decreases with increasing temperature. In

other words, defects successively dissolve and nearly completely disappear

after annealing at 748 K.

The temperature-dependent dissolution behaviour of defects can be analysed in

terms of an Arrhenius-type plot as presented in Fig. 9 for steel JRQ. It is obvious that

the measured data follow an Arrhenius function. The activation energy was

calculated to be 12 eV. This value approximately agrees with the activation energy

of vacancy migration of about 13 eV [5].

- T/K

714 690 666 645 625

A

0.1

E 1.2 eV
A

0.01

0.0014 0.0015 0.0016
T-1 / ICI

Fig. 9 Arrhenius plot of the volume fraction of defects dissolved as a function of

inverse temperature
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Unfortunately, this agreement is not enough evidence to identify the rate-controlling

step of the defect dissolution as vacancy migration, but the atter process can be

considered as candidate.

Model alloys are usually investigated in order to focus on the role of individual

elements. This is demonstrated in Fig. 7b on the basis of a low-Cu and a high-Cu

model alloy. Model alloy A actually represents Fe with some solved Si and Mn. The

irradiation-induced defects are thought to be vacancy-rich clusters in this case. This

conclusion is supported by means of Positron Annihilation Spectroscopy (PAS) 6.

On the other hand, a higher volume fraction of irradiation-induced defects is formed

in the high-Cu model alloy B. Furthermore, these defects considerably grow in size in

the course of annealing. Obviously, model alloy B is not representative of RPV steels

in this respect, probably because of the Cu content in excess of RPV steels.

5. Conclusions

It is outlined how the method of Small-Angle Neutron Scattering (SANS) can

contribute to the understanding of the neutron irradiation-induced degradiation of

mechanical properties of RPV steels. The major contribution by SANS is based on

the volume-integrated size distribution and volume fraction of irradiation-induced

defects obtained from measured scattering curves. An important conclusion is given

by the fact that the size of the defects (in terms of radius) ranges from less than nrn

to about 3 nm and is essentially independent of neutron dose and steel composition

(within the limits of usual RPV steels). The number of defects generally increases

with increasing dose, but there is no proportionality. Information on composition and

dissolution behaviour of defects can also be obtained. Cu atoms and vacancies play

an important role in the processes of defect formation and dissolution.

Complete understanding of the phenomenon can only be achieved in conjunction

with an experimentally supported multiscale modelling approach. SANS experiments

are closely related to Monte Carlo (MC) and Cluster Dynamics (CD) simulations of

defect formation and growth. Activities in these fields are in progress.
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Summary

The ferritic bainitic steel 15NiCuMoNb5 (WI3 36) is widely used for pressure bound-
ary components. Due to the high copper content which leads to precipitation harden-
ing high strength and toughness are characteristic for this type of steel. However, in
the initial state, there is still a high amount of dissolved copper in an oversaturated
state which makes the steel susceptible to thermal ageing. Ageing and annealing
experiments were performed, and the change in microstructure was investigated by
small angle neutron scattering (SANS), measurements of the residual electric resis-
tance and hardness measurements. A correlation between micro structural changes
and changes in mechanical properties could be established. It could clearly be shown
that significant effects on strength and toughness have to be considered when the
size of the copper rich precipitates vary in the range from 12 to 22 nm in radius. The
changes in microstructure affect both, the Carpy impact transition temperature and
the fracture toughness qualitatively and quantitatively in a similar way. The investiga-
tions have contributed to a better understanding of precipitation hardening by copper
not only for this type of steel but also for copper containing steels and weld subjected
to neutron irradiation.

I Introduction

The copper alloyed ferritic steel 15NiCuMoNb5 (WB36) is widely used for pressure

boundary components in the temperature range up to 340 C. High strength proper-

ties and at the same time high toughness are the main reasons for the application of

this type of steel, Table 1. Due to the content of alloying elements (Ni and Mo) the

steel forms a ferritic bainitic microstructure with a certain portion of copper precipi-



- 11.2 -

tates in the ferrite when quenched in air, Figure 1, and thus, uniform properties

across the wall can be achieved even for thick walled components with complex ge-

ometries.

In the past, it was recognised that thermal ageing occurs during service which leads

to an increase in ultimate strength and to a significant reduction in toughness in terms

of an increase in the ductile/brittle transition temperature, Figure 2 The basic

mechanism for that is a change in the precipitation state of copper. According to the

specification, the steel contains 045 - .85 copper which is only partly precipitated

at room temperature after manufacturing. About half of the amount of copper is still

dissolved in the lattice in an oversaturated form because the equilibrium state is usu-

ally not reached during the heat treatment process and copper is almost not dissolv-

able in steel at room temperature, Figure 3 At service temperature a precipitation

hardening process occurs, leading to fine disperse precipitation of copper. The

amount and the particle size of the copper precipitates depend strongly on tempera-

ture and time and determine the change in strength and toughness properties during

service. The aim of the project was to study the process of precipitation hardening

and to establish a correlation between the precipitation state and the mechanical

properties.

2 Investigations

The precipitation behaviour was investigated in long range thermal ageing tests up to

19000 h, predominately at 400 C. The change in microstructure was evaluated indi-

rectly on the basis of hardness measurements and measurements of the residual

electric resistance (G value). This method utilises the effect that the electric resis-

tance decreases with the decrease in the number of dissolved foreign atoms. As a

direct measure of the precipitation state, small angle neutron scattering (SANS)

measurements were performed. This leads directly to quantitative information about

the mean particle radius (a) and the corresponding volume fraction of copper rich

particles (b) for the given size distribution, Figure 4 Based on the assumption of

spherical particles the total amount of precipitated copper can be determined.

Several material states were investigated, the results of which will be presented in

this paper to outline the present perception about the precipitation processes in the

material. The investigated material states were:

* initial state (as delivered)
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• component after service (boiler drum) operated at 350 C for 57000 h

• thermally aged at temperatures from 350 to 500 C

• stabilising heat treated

• recovery annealed after service

• material after low cycle fatigue loading (temperature and plastic deformation)

To evaluate the relevance of the ageing process with regard to the life assessment of

a component the change in the microstructure was correlated with the change in

Charpy impact energy and fracture toughness.

In order to separate the effect of copper precipitation from other effects which might

be caused by thermal ageing, a low copper high strength fine grained steel

22NiMoCr3-7 0.10 Cu) was included in the investigation for comparison purposes.

3 Results

During the hold time at tempering temperature of 600 - 650 C, the largest portion of

copper is in solution. In the cool-down phase of the normal heat treatment of the

manufacturing process, only part of the total amount of copper is being precipitated.

However, since in the first stage of cooling the precipitation occurs at high tempera-

tures, and some time is available, the particles can grow leading to the specified

strength and toughness of the steel. With decreasing temperature less growth oc-

curs, which can be derived from the Arrhenius equation, and at temperatures below

300 C, no relevant precipitation occurs anymore.

The thermal ageing experiments showed clearly that the micro structural changes

can be detected by the change in the residual electric resistance (G value) and the

hardness. The G value increases up to a point where all copper is precipitated and

then stays at a constant level, Figure 5, whereas the hardness reaches a maximum

before all copper is precipitated. After the maximum, the hardness decreases with

time due to a growth of the particles although additional small particles are still being

precipitated Figure 6 The G value and the hardness of the low copper steel as a

function of time is also shown in Figure and 6 respectively. The stable behaviour

confirms that no relevant precipitation occurs in this steel and that the changes ob-

served in the steel WB36 have to be attributed to the process of copper precipitation.
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The typical precipitation pattern of the quenched and tempered state is usually of a

bimodal form, see Figure 4 with only very little amount of copper 0.003 %) precipi-

tated with a mean radius of 0.85 nm and a larger amount of copper 0.402 %) with a

particle radius of 221 nrn, Figure 7.

When the material is exposed to low temperature, e.g. 400 'C, small particles are

being precipitated, predominantly with a radius of about 200 nm, see Figure 7 If the

temperature at which ageing occurs is further decreased 350 'C), the precipitated

copper particles are even smaller with a mean radius of about 127 nm.

The effect of over-ageing" can be concluded from the comparison of the precipita-

tion state of the material after service 350 'C/57000 h) and the one from laboratory

ageing 350 'C/1 5000 h), see Figure 7 There are two overlapping processes that

determine the hardness. During service, a higher amount of copper is precipitated

(0.765 %) than during laboratory ageing 0651 %) which causes an increase in

hardness, while at the same time, the particle size increases during service contribut-

ing to a decrease in hardness. As a result of these contrary processes in this specific

case, both material states show almost the same hardness, although the mean parti-

cle radius is different. When comparing the precipitated amount of copper after ser-

vice 0.765 %) with the total amount of copper in the steel 0.63 %) as determined by

SANS, it becomes obvious that there is a discrepancy. The reason for that is to be

seen in the fact that the particles are not pure copper but copper rich particles and

thus the SANS evaluation leads to higher numbers for the volume fraction.

The different kind of investigations - i.e. investigations with two independent methods

to determine the amount of precipitated copper by SANS and the determination of

the change in the residual electric resistance - give a clear insight into the acting

mechanisms. The results from both measurements correspond well and give informa-

tion about the amount of copper additionally precipitated during the ageing process,

Fli-gure 8.

The effect of copper precipitation can clearly be demonstrated on the basis of the

Russel and Brown diagram which shows the correlation between the strength of the

material and the size and amount of copper precipitates. From the theoretically de-

rived curves for a given particle size it becomes evident that significant effects have

to be considered in the range from I to 3 nm where the curves are relatively steep,

Figure 9 Low temperature thermal ageing leads to precipitation of predominantly
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small particles in addition to the ones already present in the initial state and no sig-

nificant growth occurs. This specific particle distribution leads to an increase in

strength. From this diagram it can also be derived that materials can be made resis-

tant against thermal ageing by a particular heat treatment. The aim is to precipitate

as much copper as possible. If the strength of the material shall be unchanged at the

specified level - assumed still to result in high toughness - the particles must have

the chance to grow during the heat treatment process. This can be facilitated by ex-

tremely low cooling rate, e.g. step cooling in form of a stabilisation heat treatment

over a time period of several hundred hours, Figure 10. Results from tensile and

Charpy tests with material treated in the above mentioned way show that the speci-

fied strength and toughness values can be reached, Figure 1 1. First results of ongo-

ing thermal ageing tests at 400 C confirm indeed that the mechanical properties

(hardness) remain stable as anticipated and thus confirm the perceptions about the

micro structural mechanisms.

Additionally, ageing experiments performed at different temperatures confirm in

geenral the ageing process as a function of temperature and time. Increasing tem-

perature reduces the increase in hardness, and at 500 C no change in hardness

occurs at all, Figure 12, although an additional amount of copper is being precipi-

tated as can be seen from the increase of the G value, Figure 13. Further investiga-

tions showed that the ageing process is reversible, i.e. a recovery annealing

(620 C/2 h) after ageing in service restored the initial lower strength and high tough-

ness and moreover the thermal ageing behaviour was comparable to that of the initial

material in the state as delivered.

To study the effect of a combination of temperature (e.g. at 350 C) and plastic de-

formation (up to about 13 %), some low cycle fatigue (LCF) tests were performed

with material aged during service and recovery annealed after service. The change in

material properties after the LCF test was determined by hardness measurements.

The evaluation of the LCF test results showed that both, the initial and the aged ma-

terial state, have the same behaviour regarding the initiation of cracks. However, it

became obvious that the hardness increase occurs much faster than under plain

thermal ageing conditions even if thermal ageing is performed at a higher tempera-

ture of 400 C, Figure 14. This points to the fact that the precipitation of copper is

accelerated in LCF tests due to the movement of dislocations which is beneficial for

the diffusion process of copper. Tests are under way to study these effects in more
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detail in particular to investigate the effect of the combined loading of temperature

and plastic deformation on the Charpy impact behaviour. In this project, Charpy

specimens will be tested which are machined from tensile specimens that were sub-

jected to LCF loading and the test being interrupted before crack initiation, Figure 15.

This is a necessary step to generate data which are relevant for the life assessment

of a component rather than to characterise the material only on the basis of ardness

data.

In order to show the link between micro structural effects and the mechanical behav-

iour besides Charpy impact tests, fracture toughness tests were performed and

evaluated according to ASTM E 1921 with three material states which show signifi-

cant differences in Charpy transition temperature:

• heat E2 after stabilising heat treatment

• heat E59 after service 350 C/57000 h)

• heat E59 after recovery annealing of material from service

The few fracture toughness data do not only show the same tendency of ranking as

in the Charpy test, the shift in temperature relative to the stabilised material state is

almost of the same quantity, Ficlure 16. This shows that the conventional Charpy test

is an sensitive measure to describe changes in the microstructure caused by fine

dispersed copper precipitates and the results are in adequate correlation with fracture

toughness data.

4 Conclusion

Investigations of components made of the copper alloyed steel WB 36 have often

revealed low ductile/brittle transition temperature after service. Consequent ageing

experiments and investigations of the microstructure by small angle neutron scatter-

ing have shown that an ageing process occurs caused by the change in the amount

and size distribution of copper precipitates (precipitation hardening). Significant ef-

fects occur when the mean size (radius) of the particles changes in the range from 

to 3 nm. Low temperature ageing 350 C) leads to small particles of about 127 nm

which may grow with increase in ageing time. Ageing at elevated temperature, e.g.

400 C leads to bigger particle sizes of about 200 nm. Stabilising heat treatment (low

cooling rate) has led to almost complete precipitation of the previously dissolved cop-
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per with a mean particle size of 229 nm. This material state is not susceptible to age-

ing anymore.

The ageing process can easily be detected by hardness testing. In a first phase, the

hardness increases because the particles are small. In a second phase precipitation

may still go on but particles tend to grow which causes the hardness to decrease af-

ter a maximum was reached. The aged material state can be restored by recovery

annealing at 620 'C/2 h which leads to a dissolution of most of the particles.

The Charpy impact test reacts sensitive to this type of micro structural changes and

gives adequate information about the tendency and quantity of the change in fracture

toughness. A more detailed correlation between microstructure on the one hand and

strength and toughness properties on the other hand still need to be established. A

follow-up project is under way.

Similarities in the mechanism of precipitation hardening due to copper precipitates

exist to neutron irradiation behaviour of steels with enhanced copper content where

the particles are still smaller than in the aged WB 36. However, the recovery anneal-

ing of irradiated material at 450 C causes a growth of the precipitates, whereas the

recovery annealing of WB 36 at 620 C leads to a dissolution of copper.

It was observed that thermal ageing with coincident plastic deformation accelerates

the ageing process due to enhanced diffusion of copper. This effect and the conse-

quences on Charpy impact energy rather than only on the hardness will also be in-

vestigated in detail in the follow-up project.
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Table 1: Chemical composition and mechanical Properties of the steel
15NiCuMoNb5

Chemical Composition, Heat E 60

C Mn P S Cr MO Ni CU

0.15 1.00 0.007 0.014 0.23 0.38 1.30 0.63

RpO.2 [Mpa] R. [MPa] A Z %] T41 Cl USE [J]

543 627 25 65 27 85

Figure 1: Characteristic bainitic ferritic microstructure of WB 36, as delivered

200 . . . . . . . . . . . . .

WB 36, heat E 60

15 -

(D 100 initial state

CL after service
L- .1

a 3 50 'C/57000 h
50 41 J

........................................ . .............................................. ........................

O� - 0 / I . I I I I . I . . 1

-200 -100 0 100 200 300 400

Temperature [*C]

Figure 2 Charpy impact properties of the initial state and after service
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Figure 3 Solubility of copper in steel WB 36 in the equilibrium state as a function of
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Figure 4 Number of copper rich particles (a) and resulting volume fraction (b as
determined by SANS measurements
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Figure 5: Change in residual electric resistance (G value) as a function of ageing
time at 400 'C for a heat of WB 36 and a low copper steel 22NiMoCr3-7
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Figure 6 Change in hardness as a function of ageing time at 400 C for a heat of
WB 36 and a low copper steel 22NiMoCr3-7
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Figure 7 Change in micro structural parameters and integral properties (hardness
and residual electric resistance, G value) in the initial state and after
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Figure 8: Correlation between Change in G value and the volume fraction of
additionally precipitated copper rich particles during thermal ageing
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Figure 9 Change in microstructure and consequences for the change in material
strength due to thermal ageing and stabilising heat treatment,
respectively
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Figure 10: Possible cool-down paths of stabilisation treatments to pre-precipitate

high amount of copper in form of "large" particles
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Figure 1 1: Strength and toughness properties of differently treated material in
particular with the aim to pre-precipitate the highest possible amount of
copper
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Fi-gure 12: Increase in hardness due to ageing at different temperatures
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Figure 13: Copper precipitation, indicated by the increase in G value, due to ageing
at different temperatures
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Figure 14: Increase in hardness due to thermal ageing at 400 C and LCIF loading at
350 C, respectively
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Figure 15: Ongoing project to investigate the effect of low temperature LCF loading
on the change in toughness
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Figure 16: Correlation between Charpy impact data and fracture toughness (acc to
ASTM E 1921) of WB 36 material states with different microstructure,
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Introduction

Nuclear reactor pressure vessels (RPVs) degrade and become brittle in aging

by fast neutron irradiation during operation. The evaluation of RPV integrity is

performed by destructive mechanical strength examinations (hardness tests, tensile

tests and Charpy impact tests) of surveillance test pieces that are made of the same

material of real RPV and exposed to neutron irradiation in the respective nuclear

reactor. The authors have noticed that the RPV is made of ferromagnetic low-alloy

steel and started a study to evaluate the degradation of RPV by change of magnetic

hysteresis of RPV steelYJ Development of a monitoring technique could results in an

in-situ measurement system for reactor pressure vessels after correlations between

magnetic and mechanical properties were established. A few studies have been

done on the connection between magnetic properties and neutron radiation damage.
[2,3,4]

The objective of this work is to take continuous measurements of the magnetic

properties of RPV steels in-situ under irradiation as a step to make correlations

between magnetic properties and mechanical ones.

Specimen preparation and neutron irradiation

An employed steel in the test was A533B. Chemical components are listed in

Table 1. The toroidal specimens were cut out from the plate. This shape makes no

demagnetization factor, therefore this is idealistic shape for magnetic measurements.
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Table I Chemical Composition of examined A533B steel

Alloy C Si Mn P S CU Ni Cr MO Sol.
Al

A533B 0.191 0.19 1.47 <0.003 0.0007 0.164 0.64 0.14 0.51 0.017

018
q 26

( 4

Fig. Toroidal shape specimen for magnetic property measurement

To measure the magnetic properties, the voltage and current lead wires were

wounded on the specimen as shown Fig 1. The wire was mineral-insulated, stainless

steel-sheathed, two-core cable, the one of core was used for excitation and the other

was for measurement of induced voltage. The number of turns of coil is 00. The

specimens were installed into the irradiation capsule as shown in Fig. 2 The

connecting wires were supported by cable trays, and connected to electrical

penetration, and to the remote measurement system. Irradiations were performed in

JMTR(Japan Material Testing Reactor). Total fast neutron fluence was 53 x 1019

n/cM2 (E>1.0 MeV) at peak value along the center axes of the capsule, and an
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Fig. 2 Configuration of Toroidal shape specimen in the irradiation capsule

Function
generator fm � 0,0 Hz
___F_

Power Am Amp.
B-coil Filter 40 dB Filter

Excitation coil

f,=30 Hz f30 Hz VB

AD CH2

V l" V14R f,=30 Hz f=30 Hz Analog-Digital

B= I fV,d, Y V� converterGND )VBSB NBSRf GB _ f = 400 Hz
H=-] JVd - Y V,,

NIISII NjjSjf�Gj, _

Fig. 3 The setup of electronics adopted in magnetic property measurement.

irradiation temperature was controlled at 2900C by using an electrical heater

wounded around the inner capsule.
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Ma-qnetic property measurement

The setup of electronics adopted in measurement is shown in Fig. 3 A

triangular current of 0.05 Hz was applied for excitation. The output voltages of and

H coils were taken into a personal computer (PC) through an A-D converter, and the

integral calculation to obtain the magnetic flux values and the graphic processing to

get drawing of hysteresis magnetization curves were performed. From B(magnetic

flux density)-H(magnetic field strength) curves shown in Fig. 4 some magnetic

parameters were determined. Experimental data were obtained during irradiation.

Remanence, Br--,, Saturation

Magnetization,

Bs

ermea ility: dB/dH,

P X H

Coercivity, Hc Hysteresis Loss:

Area of Loop, W

Fig. 4 Magnetic parameters on a magnetization curve

Results and Discussion

Magnetization curves before and after irradiation are described for

comparisons in Fig. 5 6 and 7 at maximum magnetic strength level of 220, 860 and

2140 A/m, respectively. After irradiation of 53 x 1019 n/cM2' these curves became

very slightly wider. This means that magnetic properties changed although it is not

clearly seen only from the figures.

During irradiation experiment, measurement cables and equipments worked

well and we could obtained measurement data continuously. Figure shows

coercivity changes during irradiation. Coercivity goes up from 400 to 405 A/m at the

fluence of about 3 x 1019 n/cM2 , and goes down to around 400 Alm as almost same

as unirradiated value at the fluence of about 53 x 1019 n/cM2 . The magnitude of this
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Fig. 6 A Comparison of magnetization curves before and after irradiation at H=860
A/m
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Fig. 7 A Comparison of magnetization curves before and after irradiation at H=2140
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Fig. 8 Coercivity changes of the irradiated specimen
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Fig. 9 Hysteresis loss changes of the irradiated specimen

change was 125% at a maximum. Hysteresis loss also showed almost same trend

as coercivity change shown in Fig. 9 If the coercivity would increase, this is

consistent with domain-wall pinning theory. The reason for the occurrence of showing

a peak of magnetic properties during irradiation is not known. It is difficult to explain,

from this state, whether this was caused by defect structure change or not. This

required a future work focused on this issue.

Conclusion

Magnetic properties of a RPV steel were successfully measured in-situ under

neutron irradiation. Coercivity and Hysteresis loss increased with neutron fluence and

showed a peak at the fluence of about 3 x 1019 n/cM2 , and the maximum increase of

coercivity was 125%. The reason of showing a peak is not known.(ruture work is still

required to explain this behaviour. In near future we have a plan of mechanical

experiment of this irradiated sample to correlate magnetic properties and mechanical

properties.
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1. Background

In Japan, we have experienced not a few cases of Stress Corrosion Cracking (SCC) not only in

BWR power stations but also in PWR since 1990's (Fig. ).

To take preventive measures for SCC, it would be the best way to combine mechanical and

environmental measures well considering effectiveness of each countermeasure impact on economy,

side effect, and so on (Table-1). Especially, our focus is on the influence of dynamic stress (strain)

produced during the plant start-up on the initiation of SCC (Fig.2).

2. Concept of Hydrogen Water Chemistry During Start-up

Hydrogen injection into the reactor water has been applied to many BWR power stations.

Since ydrogen injected accelerates recombination of oxidant generated by water radiolysis, oxidant

concentration, such as dissolved oxygen concentration in reactor water can be reduced. As te

result of the reduction of oxidant concentration, Electrochemical Corrosion Potential (ECP) at the

surface of structural material can be lowered. Lowered ECP moderates Stress Corrosion Cracking

(SCC) sensitivity of structural materials, such as stainless steels.

As usual, hydrogen injection system begins to work after the plant start-up is finished, when the

condition of normal operation is established. Accordingly, Hydrogen Water Chemistry (HWC)

does not cover all the period of plant operation. As far as SCC crack growth is considered, loss of

HWC during plant start-up does not result in significant crack growth, because the duration of plant

start-up is much shorter than that of plant normal operation, when HWC condition is being satisfied.

However, the reactor water environment and load conditions during a plant start-up may

contr'bute to the initiation of SCC (�i �.i4). It is estimated that the core internals are subjected

to the strain rate that may cause susceptibility to SCC initiation during start-up P9-53. Dissolved

oxygen (DO) and hydrogen peroxide (H202) has a peak, and ECP is in high levels during start-up

Therefore it is beneficial to perform hydrogen injection during start-up as well in

order to suppress SCC initiation.X We call it HWC During Start-up (HDS) here.

Although it takes a few days to finish te wole operation of plant start-up, it is not necessary to

perform hydrogen injection during the whole period of start-up. It will be adequate to perform

hydrogen injection only during rising period of pressure and temperature, because load and

environmental conditions are much severer than during the subsequent period (Table-2).
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Since HDS is applied during the very early stage of the plant operating cycle, the injected

hydrogen volume necessary to suppress the oxidant concentration is much smaller than the amount

injected during normal plant operation. In the case of Tokal-2, the total hydrogen injection volume

needed for HDS is approximately equivalent to the amount consumed in three hours by conventional

HWC during normal operation. The hydrogen volume is small enough so that the injection

equipment can be designed as a simple, small-scale system. Therefore, HDS introduction does not

represent a significant cost in terms of initial investment or operation (Fig.8).

3. Expect for HDS

A series of cyclic, slow strain rate tensile (SSRT) tests were carried out to evaluate the

influence of water chemistry on SCC initiation characteristics of sensitized Type 304 stainless steel.

The temperature and stress conditions occurring in the "heat-up" period during start-up were

simulated for the test. Six runs under NWC conditions and four runs under HWC conditions were

performed (Fig.9, Fig. 0).

All four specimens exposed to HWC conditions did not fail even after 40 cycles, while all six

specimens exposed to NWC conditions fractured within three cycles. The correlation between time-

to-failureandcumulativeprobabilityoffailureisplotted(Fig.11). Basedonstatisticalanalysisof

test results, the minimum time-to-failure for NWC conditions is 28 hours. The corresponding value

for HWC conditions is 1032 hours and suggests that improved start-up water chemistry could extend

the time-to-failure of sensitized Type 304 stainless steel by at least 36 times.

From the test results, it is pointed out that stress and water chemistry during the rising period of

pressure and temperature produce possibility of SCC initiation. Therefore, it is expected to be

useful to improve water chemistry during tis period for preventing SCC initiation

4 Effect of HDS

In December 2002, a trial HDS was performed at Tokai-2 Power Station (I I OOMWe BWR,

started commercial operation in 1978) after 19th refueling and maintenance outage. An additional

hydrogen injection system was installed for this purpose.

As the results of this trial HDS, environmental improvement was clearly observed. Peak

values of Dissolved Oxygen (DO) and hydrogen peroxide (H202) concentrations on the order of

several hundred ppb were achieved under NWC conditions. These peaks were suppressed and in fact

decreased below a detectable level with the continuous injection of hydrogen (HDS) (Fig. 12).

Decreased ECP after I O'C, being measured at reactor bottom drain, had been reached due to

HDS and remained below 200 mV vs. SHE.

The target potential (below equivalent of 230 mV vs. SHE by transformation to 280'C) was

satisfied due to hydrogen injection in the start-up regions above 150'C (Fig. 3.
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DO concentration history was drawn with increasing temperature during this start-up with

HWC and during the previous start-up with NWC (Fig. 14). The shaded region in this figure was

proposed as the region of SCC susceptibility in reference 2]. As can be seen, the NWC DO history

intersects with the limit line, indicating that SCC initiation may occur during start-up under NWC

conditions. In contrast, the DO history under HWC conditions is shifted downward and escapes this

"high risk zone".

5. Summary and future plan

It was confin-ned that HDS application clearly improved the reactor water environment with respect

to SCC susceptibility. DO and H202 concentration peaks are eliminated. ECP was maintained

below the target value corresponding to 230 mV vs. SHE at 280'C, except during the very initial

stage when temperatures are lower.

In the future, hydrogen injection scheme will be optimized. HDS operation will be regularized

from trial to a routine. Study on expansion of hydrogen injection to shutdown will be investigated.
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Table-1 Features of Preventive Measures for SCC

Environmental Mechanical
Improvement Improvement

Wide Narrow
Effective Areas (Around the loop) Limited to the portion

taken care of

Impact on Outage Period Less More

Cost Effectiveness More Less

Yes
Side Effect (Necessary to No

consider)

Table-2 Difficulties of Hydrogen Injection During
Whole Period of Start-up

Whole Start-up Period Normal operation
(3-4days)

Equipment Frequent operation is Few operation (fixed
needed condition)

Direct injection into Injection into feedwater
Pressure reactor (Low pressure: IMPa)

(High pressure: 7MPa)

Necessary volume 60-100% of full power
Volume changes in wide range (22-36Nm/hr)

control (0-36NM3 /hr) Control proportional to
Automatic control is feedwater flow
not applicable
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Abstract: The mechanism of a disk cracking in a low-pressure steam turbine was investigated by

finite-element and fracture mechanics analysis and, based on the results of the investigation, a

life assessment method was derived. The disk cracking was found to be caused by growth of

corrosion pits, superposition of multiple vibration modes, and an increase in the standard

deviation of the natural frequency of grouped blades after long-term operation. Taking these

findings into consideration, the authors then developed a life-assessment method for disk

cracking composed of evaluations of (1) maximum corrosion pit size at the current situation, 2)

corrosion pit growth after a certain term, and 3 failure-occurrence ratio for the estimated

corrosion pit depth. Maximum corrosion-pit size is evaluated by extreme value statistical analysis

using the data obtained by replica inspection. The failure-occurrence ratio is evaluated by Monte

Carlo simulation considering two uncertainties, namely, the standard deviation of the natural

frequency of grouped blades and the stimulus ratio. The values of both uncertainties were

determined by the inverse problem analysis of the disk cracking. In light of these results, the

authors found that replacing conventional tenon-shroud grouped blades with continuous-cover

blades is effective from the view point of vibratory behavior.

1. INTRODUCTION

The number of old fossil-fuel power plants (operated for more than 00,000 hours) has

recently reached over 80% of the total number of plants in Japan. Life-assessment methods for

high-temperature components of old steam turbines are well established in Japan. Appropriate

diagnostic procedures and residual life assessments, such as the hardness method, the A-

Parameter method, and the electric-resistance method, have been performed according to the

standard guidelines. On the other hand, regarding low-temperature components in low-pressure

turbine stages, an appropriate preventive maintenance procedure has not yet been established.
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Stress corrosion cracking (SCC) and corrosion fatigue CF) are the typical failure causes in

low-pressure stages. In the L-2 stage, two kinds of cracking (type A and type B) are common (as

shown in Fig. 1). Some researchers [1-81 have proposed remaining-life evaluation methods for

SCC and CF. Pigott [11 has proposed a probabilistic method for evaluating vibratory stress by

considering uncertainties, such as the scatter of natural frequency, damping, and stimulus ratio

(the ratio of vibratory steam force to steady steam force). Although their approaches have shifted

from deterministic methods to probabilistic ones to improve accuracy, it is still difficult to estimate

the uncertainties. That is, there are only a few ways to obtain the values of the uncertainties, such

as direct measurements in actual machines or inverse problem analysis of failure incidents.

The objectives of the current study are to clarify the mechanism of the disk cracking (Type ,

CF) and to develop a life-assessment method for it. In evaluating the remaining life, this method

takes into account two uncertainties, the standard deviation of the natural frequency of grouped

blades and the stimulus ratio, and determine them by solving the inverse problem of the failure

incidents.

2. FAILURE ANALYSIS OF DISK CRACKING

2.1. Characteristics of disk cracking

By non-destructive inspection, two cracks were detected in a disk of the L-2 stage of a 350-

MW steam turbine. This turbine had experienced approximately 100,000 hours of operation over

13 years. Both cracks initiated at a disk location corresponding to the boundaries between the

grouped blades 21 groups with 7 or blades in a row).

As shown in Fig. 2 one of the two cracks initiated at the contact surface in the middle of the

first hook on the steam-inlet side, propagated in the direction indicated by the arrows, and

reached the second hook in stageffl. The other one initiated at the same position and was on the

way in stage II. The crack-propagation path is defined in three stages (from stage I to stagem)

in this paper.

These cracks initiated from corrosion pits as shown in Fig. 2(b). Several beach marks were

observed on the crack surface, indicating that the cracks were caused by fatigue. An interesting

characteristic of these cracks is that the crack surface is inclined by about 10' from the axial

direction as shown in Fig. 2(c) (view from direction of arrow A).

2.2. Steady and vibratory stress analysis

Finite-element (FE) analysis of the blade-disk structure was performed to investigate the

mechanism of disk cracking. The objective of this analysis is to get information on the steady

stress distribution, the natural frequencies of each mode, and the vibratory stress distribution at

resonance.

The FE model is shown in Fig. 3 A group with seven blades was modeled, and a cyclic

symmetry condition was applied to the disk surfaces at the group boundaries. The stress
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stiffening effect due to a steady force such as centrifugal force was taken into consideration in the

model. To reduce the memory size and alculation time, super elements were introduced in the

analyses of natural frequency and vibratory stress. To express the vibratory mode properly,

master nodes in the super elements in the blades, as well as in the boundary surfaces of the

shroud-cover and the disk in each sector, were appropriately selected. To obtain the vibratory-

stress distribution near the crack initiation site in detail, a fine FE model of a single blade sector

was produced and forced deformations calculated by the coarse model were applied at the

master nodes.

According to natural-frequency analysis, three basic vibratory modes (first tangential in-phase,

first axial in-phase, and first axial out-of-phase) were suspected to affect the disk cracking. It is

difficult to detune them completely because the natural frequencies of these modes are in the

range of relatively large harmonic numbers (8th to 13th) under the rated speed.

Figure 4 shows each mode shape and the vibratory stress distribution on the disk surface of

the group boundary at resonance under an assumed stimulus ratio and damping factor. The

distribution of circumferential stress, which is a major driving force of cracks, is shown in Fig. 4.

The first tangential in-phase mode causes large stresses at the crack-initiation site (stage 1) and

the propagation site (stages 11 and III ). This result implies that the first tangential in-phase mode

is the governing mode in the disk cracking. The other two modes also show relatively high

stresses at the crack initiation site (stage 1). Since the principal axis of stress in the first axial out-

of-phase mode is inclined about 45 degrees to the axial direction, this mode may correlate with

the fact that the crack was inclined about 10 degrees in the fracture surface. According to the

above results, crack initiation is probably caused by the multiple vibratory modes and its

propagation is mainly governed by the first tangential mode. Distribution of vibratory-stress

amplitude (circumferential stress) during Stage I is shown in Fig. 5. The feature of the vibratory

stress is that very large stress appears at the surface because of the stress concentration at the

contact edge between the blade and the disk. This large surface stress is considered to lead to

the crack initiation from small corrosion pits (as discussed in the next section). Steady-stress

distribution due to centrifugal and steam-bending forces is also shown in Fig. 5. Steady stress,

which is much larger than the vibratory stress, reduces fatigue strength of the material by means

of mean stress effects.

2.3. Relationship between crack length and vibratory stress intensity factor range

To obtain the relationship between crack length, a, and vibratory stress intensity factor range,

A K, the following two calculation approaches were taken.

(1) Two-dimensional fracture-mechanics model

A crack at stage I was odeled as a two-dimensional fracture-mechanics model with finite

width, w, and finite length, L, and an elliptical crack at the surface as shown in Fig. 6(a).

According to the investigation results of crack initiation sites of the disk cracking, the aspect ratio
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(depth to surface length) of the elliptical crack was supposed to be one third. A crack at stage III

was modeled as a 2-D infinite plate with finite width, w, and a surface-through crack (with length,

a) as shown in Fig. 6(b). The procedure stated in ASME Section XI 9] was used to calculate AK

by approximating the vibratory-stress distribution (shown in Fig. 5) as polynomial expressions of

the distance from the surface.

(2) FE model analysis with a crack

To confirm the errors in the calculation by approach (1), FE analysis of a model with a crack

was per-formed. Five models were produced with different crack sizes during stages , 1, and 11.

Fine elements were produced near the crack front and forced deformations obtained by the

vibratory stress analysis were applied at the master nodes. The circumferential stress distribution

from the crack front to the inner body was used to calculate A K by the extrapolation at the crack

front as shown in Fig. 7.

The relation of crack length, a and AK calculated from approaches (1) and 2) is shown in

Figs. 8(a) and (b). In these figures, lines represent the values determined by approach (1) and

dots represent those by approach 2). It is confirmed that approach (1) is effective for calculating

A K because the difference between the results by approaches (1) and 2) is quite small (within

15%).

As shown in Figs.8(a) and 8(b), A K in stage I increases sharply with crack length in the small

crack region and passes a plateau zone against crack length, and then gradually increases again.

When a crack reaches stage II, AK decreases as a crack grows. This means that crack-growth

rate slows down in stage 11. This tendency may correlate with the fact that one crack was

detected during stage II in an actual machine. Figure 9 shows the relation between a and AK

under the three vibratory modes in stage 1. In the next section, these curves are used to evaluate

the failure-occurrence ratio from corrosion pits under multiple vibratory modes.

2.4. Evaluation of failure occurrence ratio

There are many uncertainties that can affect the vibratory stress and failure occurrence ratio in

actual machines. The main ones are listed below.

(1)Deviation, , of natural frequency from the calculated value, fn,

(2) Stimulus ratio, ,

(3) Damping factor,

(4)Crack-growth threshold of stress-intensity factor, A Kth.

In the following, it is assumed that points (1) and 2 are variables and 3 and 4 are

constants. It is known that when a crack propagates from a corrosion pit, A Kth is smaller than

that of a macro crack due to micro chemical effects. Accordingly, the minimum value for A Kth 1.2

MPa,/-m) of those reported by several researchers 10-13] (corrosion fatigue tests in various

corrosive environments) was used here.
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Dynamic response of A K at near resonance with harmonies of the operating speed, , was

calculated as follows. Two parameters were used in the calculation; stimulus ratio, S, and

standard deviation of the natural frequency from the calculated one. The deviation, d, of the

natural frequency from fn was assumed to be expressed by a normal distribution and were

randomly selected by using Monte Carlo simulation. Dynamic response of A KaS) at crack

length, a, with stimulus ratio, was calculated from Equation (1). The calculated response at

near-resonance is schematically shown in Fig. 10.

AK (a, S = S 24AK (a, S,,)
S" _ 1� 2 +(24)7 )2

HO
)7 (I 5/100)

where

H = harmonic number,

71= frequency ratio,

S = standard stimulus ratio used in vibratory stress analysis, and

A Ka, S = A K at crack length, a, and stimulus ratio, ,

The failure occurrence ratio from the supposed corrosion pit depth was calculated under the

following conditions.

(1) Depth of the corrosion pits is equal to crack depth.

(2) Failure occurs when the summation of the dynamic response of A K by the three basic

vibratory modes exceeds the value of A Kth.

(3) Failure-occurrence ratio is the number of samples judged to have failed out of the number of

Monte Carlo simulation samples.

Figure 11 shows the estimated failure-occurrence ratio under stimulus ratios and standard

deviation of natural frequency. Corrosion-pit depth was assumed to be equal to that observed on

the fracture surface. In this figure, stimulus ratio is normalized. As the stimulus ratio increases or

the standard deviation of the natural frequency increases (or both), the failure-occurrence ratio

increases. This implies that failure can occur when the deviation of the natural frequency

increases. One possible cause of the frequency change is oxide build-up at the blade-disk and

shroud-cover attachments after long-term operation.

Considering that the crack-occurrence ratio of the machine in which the cracks were found

was 0024 (two cracks over 84 blade-group interfaces), the values of the uncertainties of actual

machines can be obtained as an intersection of the two lines in Fig. 11. Although the values of the

above-mentioned two uncertainties can not be definitely determined from Fig.11, the accuracy of

the above-stated presumption should be improved by more data acquisition.

The relationship between the corrosion-pit depth and failure-occurrence ratio is shown in

Fig.12 by using the obtained value of uncertainties (point A in Fig.11). When the corrosion-pit



- 14.6 -

depth is sufficiently small, the failure-occurrence is quite low. On the other hand, if corrosion pit

depth exceeds its critical value, some maintenance actions as discussed in next section are

necessary.

3. LIFE-ASSESSMENT METHOD TO PREVENT DISK CRACKING

As discussed in the previous section, disk cracking can occur in any plants containing grouped

blade structures when the corrosion-pit depth reaches its critical value and the standard deviation

of the natural frequency becomes large after long-term operation. Accordingly, the authors have

developed two procedures for preventing disk cracking as follows.

3.1 Replica inspection and remaining life evaluation

Although ultrasonic, inspection is effective to detect long cracks, it has difficulties in finding

small cracks in blade and disk attachments. Considering that the cracks can initiate from small

corrosion pits as shown in Fig. 12, the authors devised maintenance schemes based on replica

inspection and remaining-life evaluation as described below.

First, replica inspection of the blade-disk attachments is performed by removing blades

periodically and inspecting them as shown in Fig. 13. Figure 14 shows an example of a corrosion

pit observed by replica inspection. The information regarding corrosion-pit size obtained by

replica inspection is used to evaluate the maximum corrosion pit size in the urrent condition by

means of extreme value statistical analysis. Maximum corrosion pit length at each observed site

(blade-disk attachment at grouped-blade boundary) is plotted in the extreme value statistical

diagram as shown in Fig. 15. Maximum corrosion pit size of the inspected machine is evaluated

as the value at the intersection where the number of grouped blade boundaries corresponds to

the return period in Fig. 15.

Next, corrosion-pit growth is estimated after a certain term using the field data of corrosion pit

growth (as shown in Fig. 16) and/or laboratory corrosion pit growth data. The failure occurrence

ratio for the estimated pit depth is evaluated by the method described in section 24. According to

the results of the evaluations described above, the inspection intervals were set and the

appropriate maintenance actions, such as skin-cuts to remove corrosion pits in the disk

attachments or the replacement of the low-pressure rotor, were determined.

3.2 Replacement of grouped blades with continuous cover blades

A continuous-cover-blade (CCB) structure is shown in Fig. 17. It consists of a cover and a

blade manufactured in one body. The covers contact those of neighboring blades by the untwist

force during operation or by the pre-twist force during assembly. The CCB structure has some

superior vibratory characteristics compared with the grouped blade structure (as shown in the

interference diagram (nodal diameter vs. natural frequencies) in Fig. 18). The natural frequency of

the second mode, which corresponds to the first tangential mode of the grouped blades,

increases rapidly as the nodal diameter increases, and there are no resonance points less than

the 15th harmonics with the operating speed. Although only the first family mode (axial bending)
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has resonance points near the 12th and 13th harmonics, the vibratory stress caused by this mode

is very low (less than 1/10 of that on grouped blades). By replacing the conventional grouped

blades by the CCBs, the reliability of the blade and disk can therefore be improved.

4. CONCLUSION

It was found that the disk cracking of the L-2 stage in a steam turbine was caused by

corrosion-pit growth, superposition of the multiple vibration modes, and increase of the standard

deviation of the natural frequency after long-term operation. From the vibratory-stress analysis of

the grouped-blade model, it is concluded that the first tangential mode in-phase is a major

contributor to the disk cracking and that the other modes also affect the crack initiation. The

superposition of the first axial out-of-phase mode well explains the fact that a crack was inclined

about 1 0 degrees from the axial direction.

In light of the above-described results, we developed a life-assessment method for disk

cracking, which consists of evaluations of maximum corrosion-pit size, corrosion pit growth after a

certain term, and failure-occurrence ratio in terms of the estimated corrosion-pit depth. Maximum

corrosion-pit size is evaluated by extreme-value statistical analysis using the data obtained by the

replica inspection. The failure-occurrence ratio is evaluated by Monte Carlo simulation

considering two uncertainties, the standard deviation of the natural frequency and the stimulus

ratio. The values of both uncertainties were determined according to the inverse problem analysis

of the disk cracking.

The reliability of the blade and disk can be improved by replacing the conventional tenon-

shroud-type grouped blade by continuous cover blades (CCBs). This is because the CCBs

reduce the resonance points in the interference diagram and eliminate any tangential modes.
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(a) First tangential mode in-phase

Fig. 3 FE analysis model of a grouped blade
(b) First axial in-phase mode

(c) First axial out-of-phase mode
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Fig. 17. Structure of continuous-cover blade
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Summary

Heat exchangers for high and ultrahigh temperatures are a need and a precondition

to realise high efficient fossil fired power plants based on the so-called Externally

Fired Combined Cycle (EFCC) or the Indirect Fired Gas Turbines (IFGT). The main

target of both processes is to increase the thermal efficiency of existing power plants

by approximately 25% resulting in the same decrease in fuel consumption and,

therefore, in the same reduction Of C02 formation.

The main activities of the MPA University of Stuttgart in this project is focused on the

characterisation and qualification of the structural material of the ultrahigh

temperature heat exchanger (UHTHE) necessary in the above mentioned processes.

The influence of the temperature and load on the material behaviour have been

analysed by means of tensile tests and creep tests. The effectiveness of different

coating systems and the interaction between coating system and basic material was

also investigated. Additionally a set of leakage tests with tubes were performed at

room temperature. The results of these experimental investigations have been

compared with the design needs and also reflect the basis for the further material

development and optimization.
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I Introduction

The improvement of thermal efficiency of high temperature processes requires an

improved reliability and durability of the applied materials. Advanced coal fired power

plants based on the so-called Externally Fired Combined Cycle (EFCC, Fig. 1), offers

the opportunity to increase the relative thermal efficiency up to 25 by coupling high

temperature combustion systems. In this superior combustion cycle, the key

component is the High Temperature Heat Exchanger (HITHEX). Candidate material

to withstand the specific loading conditions are C/C-SiC-materials.

District Heat

Generator

Primary Air Process Heat
or Air Pre-Heat

Fig 1: Externally Fired Combined Cycle Process

The aim of the project was the development and characterisation of a low cost C/C-

SiC-material with a non-catastrophic quasi ductile behaviour in order to produce a

relatively high damage tolerance. Another topic was the development of a oxidation

resistant coating.

Within this project material manufactures from Germany and Great-Britain work

together in a consortium with material testing Institutes all over Europe, Fig.2
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2 Description of the material under investigation

Carbon fibre reinforced silicon carbide (C/C-SiC) is a candidate material to be used in

industrial applications, where high temperature strength and light weight is

requested. It shows excellent strength to weight ratio, good thermal shock resistance

and quasi-ductile mechanical behaviour. The future development and optimisation of

the material and also the reliable design of components is based on both the

experimental determination of material characteristics via routine and component like

specimens as well as on the verification of design approaches.

The C/C-SiC material investigated was manufactured by two German manufactures

and one industry partner from Great-Britain via liquid silicon infiltration and shows an

inherent micro crack pattern, mainly caused by the thermal mismatch of fibres and

matrix during the manufacturing process, Fig. 3 The material consists in boundles of

C-fibres in 2-dimensional woven fabric. The matrix between fibre boundles is mainly

SiC, which contains a part of free not transformed silicon too. During carbonisation

but also during silicon infiltration and cooling down, cracks occur caused by the

different thermal behaviour of C, SiC and silicon.

Macmscopic defects could be stated, if the manufacturing process was not

optimised. In this case large cavities or delamination zones could be visible. Cracks
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of mesoscopic scale, see Fig. 3 are located parallel to the fibre boundles and for

example caused by an insufficient infiltration of Si. Microscopic cracks (thickness

lesser than pm) run perpendicular to fibre boundless It could be assumed, that this

type of cracks will influence the strength and deformation behaviour of the material.

Wn
C fibre
boundle

sic

Microcrac free Si

Fig. 3 Microstructure of test material C/C-SiC

3 Research work at MPA Stuttgart

Aim of experimental and theoretical work at MPA Stuttgart was to characterise

Carbon fibre reinforced silicon carbide (C/C-SjC) concerning the parameters

0 temperature

0 load level

0 load mode

0 time

as a basis for design and life assessment procedures and as a basis for further

material development and manufacturing of high temperature heat exchanger

components.

The investigations where focused on:

• Tensile tests (RT - 1600'C)

• Compression tests (RT - 1600'C

• Creep tests (1250"C)

• Fatigue tests (1 250'C)

• Internal pressure tests (RT)
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using

• flat specimen

• tubes and

• tubes with flange and end cap, Fig. 4.

C-)
CD

00

.5 

1 7

Fig. 4 Type and dimensions of specimen used

4 Results

4.1 Thermo mechanical behaviour of C/C-SiC

To characterise the influence of temperature on tensile rupture behaviour a series of

tests with flat specimens (type A) in vacuum have been performed. The test

temperatures ranged from ambient temperature 21'C) up to 1600"C. The results are

depicted in Fig. 5. No significant dependence of the tensile strength on the test

temperature could be found for test temperatures up to 13500C. All measured values

range in a scatter band between 122 and 148 MPa. However, if the test temperature
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is increased 14000C a significant decrease in tensile strength was measured. This

strength level remains constant up to a test temperature of 1600'C in a limited

scatter band. The scattering of the strength characteristics within the scatter band is

due to the individual crack patterns in the material and specimens respectively. The

graph of fracture strain versus test temperature shows a similar behaviour but without

a distinct transition between the scatter bands. In contrast, the E-modulus versus test

temperature remains almost constant up to 13500C within the scatter band. However,

when the test temperature is raised to 14000C and higher (up to 6000C), the E-

modulus is slightly increased.

One possible explanation of the discrete drop in the tensile strength could be found in

the presence of free silicon in the matrix. The free silicon shows during cool down

after siliconizing a volumetric expansion (anomalous behaviour like water).

Consequently, a change from liquid into solid state will result in stresses

(compression) within the silicon phase itself and stresses (mainly tensile) in the

ambient SiC-matrix causing additional micro cracks in the matrix. The local residual

stresses reduce again if the test temperature is above the melting point of the silicon

and some micro cracks close again. In addition, open micro cracks may be infiltrated

with liquid silicon which reacts with the carbon fibres to form SiC causing cavities and

thus cause a reduction in strength.

Other C/C-SiC materials (type and C) do not show such a drop in tensile strength

at high temperature. It is interesting to note that at high temperature both materials

reveal a similar level in tensile strength.

Therefore it could be stated that the effect of a decreasing strength at high

temperature is strongly dependent on material components (fibres and precursor)

and the manufacturing of the material.
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Fig. 5: Tensile strength of 3 different C/C-SiC materials versus test temperature.

5.2 Investigations on creep behaviour

The medium term creep tests were performed using flat specimens (coated,

uncoated) at 12500C in air as well as in vacuum. During the test the load was kept

constant. The strain was measured by means of a high temperature extensometer.

As observed at tensile tests no significant creep resistance could be observed if

uncoated specimens were tested in air. Due to the thermal degradation of the C-

fibres the specimens fail after hour loading with 18 MPa. In vacuum there was no

significant decrease of creep strength in the medium time regime up to 1000 h test

duration. The material under investigation demonstrated a very good creep

resistance in inert atmosphere at 1250'C. On the basis of the existing data it could

be concluded that in vacuum creep damage is not the dominating damage

mechanism in the stress-time-temperature range under investigation. If the material

is exposed to oxidising atmosphere a coating is essential.

It can be seen that the first loading stage (t 0.03h) the strain development is linked

with the initial loading, Fig. 6 The increase of strain in this phase is caused by fibre

breaking and the related micro cracks. After this period stabilisation occurs, that

means there is a balance of local crack resistance with crack driving force applied by

the external load. The strain in this period cannot be regarded as typical time
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dependent creep strain as known from metals. Fig. 7 shows the strain time curve for

a specimen with a loading time of 1 000 h. It is obvious that the increase seen in Fig.

6 is within the scattering of the measured data.

0.14

0.12
1852s 0.51h

0.1

0.08

C/C-Sic
0.06U) Type 

12500C
0.04 vacuum

65 MPa
0.02

0
0 200 400 600 800 1000 1200 1400 1600 1800 2000

Time [s]

Fig. 6 Measured strain-time curve, a 65 MPa, uncoated flat specimen, C/C-SiC

type B, 12500C, vacuum

0.14

0.12 -

A* 10
0. 1 Strength a 1250'C

after creep: 90.1 MPa

0.08

0.06 C/C-Sic
Type B

0.04 12500C
vacuum

0.02 66 MPa

0
0.01 0.1 1 10 100 1000 10000

Time [h]

Fig. 7 Measured strain-time curve, 66 MPa, uncoated flat specimen, C/C-SiC

type B, 12500C, vacuum, not ruptured
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In the stress-temperature-time regime investigated the creep strain curves revealed

no effect of creep damage mechanisms (evolution of time dependent plastic strain)

as known from metallic materials. The material shows very low plastic strains, it can

be assumed that failure of the specimens is caused by initiation and growth of

microcracks.

5.3 Investigations on creep behaviour under oxidative atmosphere

There is an essential need to protect the C/C-SiC material against oxidation.

140.0

C/C-Sic
120.0 coated uncoated

A 1250'C

100.0

80.0

60.0
I ype acuum

U) A C/C-SiC Type D Air uncoated
A C/C-SiC Type D Air BoraSiC40.0

2 E C/C-SiC Type Air BoraSiC
0 C/C-SiC Type E Air BoraSiC

20.0 - -A 0 C/C- iC Type C Air P60

0.00.001 0.010 0.100 1 10 100 1000 10000
Time [h]

Fig. 8: Medium term creep tests in air and vacuum on 4 different types of C/C-SiC

materials, coated and uncoated

Creep tests were performed using flat specimens at 1250'C in air, Fig. 8. During the

test the load was kept constant. BoraSiC coated specimens (C/C-SiC type D tested

in air show a similar stress level and life time than uncoated specimen in vacuum up

to hour. After this time the coating is not longer able to protect the material against

oxidation. Coated C/C-SiC type shows a higher stress level but no significant

higher lifetime than coated C/C-SiC type D. Therefore it could be stated that the

maximum lifetime of the coating system BoraSiC is limited up to 70 hours. Creep

tests in air on coated C/C-SiC type E with BoraSiC coating and type C with P60

coating showed similar results as coated C/C-SiC type D. The stress rupture level of
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this material is much higher than that of the other investigated C/C-SiC material, but

the measured lifetime is in the same range.

On the basis of the results it could be concluded, as shown in Fig. 8, that both

investigated coating systems (BoraSiC and P60) are not successful and could not be

used for technical applications with long-term aspects without further improvement.

The longest lifetime of coated material was up to 70 hou'rs at a extreme low load level

of only 7 MPa compared with a lifetime of over 1000 hours of unprotected material at

66 MPa load in vacuum. Both coating systems fail under tensile loading due to the

formation and growth of cracks, which causes a local degradation of the base

material.

5.4 Leakage and burst tests on tubes

Leakage and burst tests at tubular specimens have been performed to detect the gas

permeability and to characterise the burst behaviour under simulated environmental

conditions. These tests should be used for preselection for material development

steps. The test procedure with air at ambient temperature is depicted in Fig. 9 A

large pressure vessel is used for pressurizing. To meet safety restrictions, the

internal pressure inside the test rig is limited to approx. 21 bar. The valves between

pressure vessel and specimen are PC-controlled and adjust the internal pressure

inside the specimen according to the test programme. The small pressure vessel with

a content of approx. 20 is used as a buffer to homogenize the pressure level. The

test procedure for the standard test includes test steps, Figure 1 0:

1 pressure increase up to p = 10 bar inside the specimen, shut of gas inlet,

2. measuring and recording of pressure decrease during 60 sec,

3. pressure increase up to p = 5 bar, shut of gas inlet,

4. measuring and recording of pressure decrease during 180 sec,

5. pressure increase up to either burst failure occurs or pressure upper limit

(max. I 0 bar) is reached, end of test.

The tube behaviour at step 4 pressure decrease during 180 seconds at a pressure

level of 15 bar, characterizes the leakage of the test material and is comparable with

the loading situation to pressure in a real heat exchanger. On the basis of these

results different stages in material development can be compared.
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Fig. 9 Scheme of the test rig for leakage and burst tests at ambient temperatures
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Fig. 10: Course of internal pressure measured at a specimen during a complete test

run of leakage test, failure at burst pressure of 24.66 bar

The burst stress is calculated on the basis of maximum principal stress with the

assumption of brittle material behaviour and small wall thickness:
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p-d-

2t

p applied internal pressure

di inner diameter

t wall thickness

Fig. 1 1 (left) shows the test assembly. The two open ends of the tube were fixed to

metallic flanges with an anorganic clue which is gas tight and shows a higher

strength than the most tested CIVIC materials. A alternative fixation method to test

tubes with CMC-flange and end cap is depicted in Fig. 1 1 (right).

Fig. 1 1: Tube with two open ends and Tube with CIVIC flange and end cap

The results of C/C-SiC material type D are depicted exemplarily. To characterise this

standard material specimen without any flange or end cap were investigated. The

gas tightness of this material was rather poor, a pressure loss of 12 to 14 bar in 3

minutes was detected, the burst strength ranged between 18 and 22 MPa. Four

specimens with flange and end cap, were examined. The gas permeability is very

high, at all specimen the internal pressure dropped from 15 bar to bar very quickly

within 135 seconds, Fig. 12. The burst pressure was measured between 36 and 0

bar, the residual burst strength varied from 14 to 20 MPa, Fig. 13. The measured

values of the burst stress are located just over the component service stress given by

the internal pressure of a high temperature heat exchanger. During the burst test the

tubes were totally destroyed: they show break before leak behaviour.
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Fig. 12: Gas permeability of C/C-SiC material type D with and without flange and end

cap
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Fig. 13: Results of burst test of C/C-SiC material type D with without flange and end

cap
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6 Conclusions

The material under investigation is a candidate material for ultra high temperature

heat exchanger with the following advantages:

• High strength up to 1600'C,

• Adequate internal pressure behaviour,

• No creep e6cts up to 12500C,

• Joining methods available,

but it shows also the following disadvantages, which should be topics for further

investigations of this material:

• poor ductility (break before leak in internal pressure tests),

• Insufficient gas tightness,

• Long term oxidation protection systems not available.

Future activities at the MPA University Stuttgart includes also the improvement of

oxidation protection, e.g. graded multilayer coating consisting in combination of

PIRAC and CVD.
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SUMMARY
Thermal fatigue is one significant long-term degradation mechanism in nuclear power

plants (NIPP), in particular, as operating plants become older and life time extension

activities have been initiated. In general, the common thermal fatigue issues are

understood and controlled by plant instrumentation systems. However, incidents in

some plants indicate that certain piping system Tees are susceptible to turbulent

temperature mixing effects that cannot be adequately monitored by common

thermocouple instrumentation. The THERFAT project has been initiated to advance

the accuracy and reliability of thermal fatigue load determination in engineering tools

and research oriented approaches to outline a science based practical methodology

for managing thermal fatigue risks in Tee-connections susceptible to high cyclic

thermal fatigue.

The THERFAT work in the installed work packages focuses on the following

technological and scientific aims:

Screening of existing plants and R&D data (WP 1),

Assessing the fatigue significance of turbulent thermal mixing effects in piping

system Tee-connections and identifying the fatigue significant parameters (WP 2,

Quantifying the existing safety margins against failure and determination of

fatigue relevant lower bound threshold values and evaluation of standard methods

and exploration of advanced fatigue and fracture mechanics analysis routes (WP 3,

Verification of selected aspects of fatigue assessment by critical experiments,

i.e. "damage tests" with cyclic thermal shock loads (WP 4,
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Proposition of a "road-map" as part of the "European Methodology on Thermal

Fatigue" considering the results of current and past activities in a coherent way on a

European level WP 5).

The results obtained so far encompass the selection of various Tee-configurations

susceptible to turbulent thermal mixing effects including the identification of the

critical aspects concerning thermal fatigue degradation (WP 1). Most of the

experimental tests to quantify the occurring loads in terms of significant temperature

differences and load cycles have been successfully performed. Numerical CFD-code

analyses are assisting to verify the experimental test results (WP 2 Achieved first

results in the experimental damage tests of WP 4 investigating the load bearing

capability of components (see Fig. 5) confirm the predicted tendencies of higher load

bearing capabilities than expected by application of common code analysis

procedures. Current work is focused on summarizing and condensing the WP 2 and

WP 4 output to WP 3 input and on the elaboration of the different integrity evaluation

procedures in WP 3 concerning the assessment of fatigue usage, crack initiation and

crack propagation issues for components or specimen sustained to cyclic thermal

loads. The outlines of the integrity evaluation concept in WP have been defined as

a first step to the "development of a European methodology". Results of the project

are expected to improve plant operation and safety aspects as well as the system

surveillance with a consequent reduction of operator dose and thus an increase of

plant economies.

The THERFAT-project as cost shared action is being carried out as part of the Fifth

Framework Programme of the European Atomic Energy Community (EURATOM).

The THERFAT-project commenced in December 2001, and is due to run for 36

months

A. INTRODUCTION

Thermal fatigue as long-term degradation mechanism is an important issue in

nuclear power plant ageing management considerations. The strong linkage of the

phenomenon to actual plant conditions, rather than to design assumptions is a key

aspect of on-going safety assessments. The estimation of boundary conditions for

integrity evaluations (load input and calculation methods) tends to rely on
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approximate methods. This may lead to inaccurate results, which is not acceptable

for NPP applications. Several incidents in NPP indicate that certain piping system

Tee-connections are susceptible to fatigue arising from low and high cycle

temperature turbulence. In-service inspections reveal that thermal fatigue cracks may

occur in welds and base material, straight pipes and elbows. These effects have

been attributed to thermal temperature stratification and turbulent mixing effects

caused by different mass flows in "run" and "branch" pipes merging at the Tee

(Fig.1). The high cycle turbulence effects are not appropriately detectable by

common thermocouple instrumentation. Hence, THERFAT addresses the present

lack of verified working procedures for assessing the integrity and safety of Tee-

configurations in safety relevant NPP-systems sustained to turbulent thermal mixing

effects.

THERFAT is being performed by a consortium of 16 organizations from European

countries, all recognized leaders in their technical fields. The THERFAT consortium

combines the expertise of large utilities, plant vendors/manufacturers and several of

Europe's foremost providers of structural integrity service and targeted R&D.

Participation will help them to maintain and enhance their competitiveness in this field

and support the continued viability of nuclear power generation. The JRC, Petten, will

supply technical expertise as well as the link to the NESC and related important EC-

activities.

B. WORK PROGRAMME

The project work plan comprises five major work packages (WP) addressing the key

objectives of THERFAT.

WP 1. Collation and Assessment of Field Experience

The work package WP 1 covers the identification of Tees which are sensitive to

thermal turbulence and stratification effects and which are of interest to be

investigated in THERFAT. The utilities involved in the project, provided a selection of

fatigue susceptible Tee-geometries and -loads in their power plants. As a result, a

matrix of Tee-configurations has been compiled as input for WP 2 3 and 4 WP 1

work has been successfully accomplished.
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WP 2 Load Determination

The task of WIP 2 is to detect and quantify the thermal turbulence by experiments and

by numerical fluid calculations. Thermo-hydraulic tests (plexiglass and steel Tee-

models in different configurations and with different diameters) have been performed

to measure the relevant load parameters (Fig. 2.

In addition, thermohydraulic. analyses with Computational Fluid Dynamics (CFD)-

codes have been carried out to simulate the turbulent fluid behaviour (Fig. 3 and, in

particular, to determine the heat transfer coefficient (fluid to wall). The CFD-approach

has been validated by a benchmark calculation compared to experimental test

results. Guidelines will be developed from the experimental and numerical results to

provide a validated basis for future CM-calculations of Tees with configurations

different from those investigated in THERFAT.

As an additional sophisticated aspect, the development of virtual sensors based on

neural networks and fuzzy logic tools has been included for the load determination of

a selected NPIP-component (PWR-pressurizer surge line).

WIP 3 Integrity Evaluation

Some WP 3-partners will use the load input from WP 2 to evaluate stresses/fatigue

usage, crack initiation and crack propagation ("forward approach"). Other WIP 3-

partners will perform stress/fatigue usage, crack initiation and crack propagation

analyses to predict and to verify the experimental damage test results of WP 4 (Fig.

4).

The objective is to demonstrate the different safety margins in the different stages of

degradation starting with the crack initiation. The random crack occurrence known as

11 elephant skin" or "crazing" effect does not automatically lead to component failure.

Only the development of a dominant crack in this crack field with significant crack

growth will deteriorate the component integrity. The connection of these fundamental

issues concerning degradation and failure criteria to the common integrity evaluation

procedures in codes and standards (stress/fatigue analyses application, use of

fatigue curves etc.) is one important task of the THERFAT-project.
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WP 4 Verification Tests

An experimental damage test pattern has been established to investigate realistic

component or specimen resistance capabilities concerning specific degradation

mechanisms (e.g. thermal shocks, Fig. 5) to provide a better understanding of failure

modes and the quantification of safety margins compared to application of code

procedures.

WP 5. Evaluation and "Road-Map"

A "road-map" as guideline for fatigue evaluation procedures will be developed in

THERFAT explaining the conceptual outlines of the overall integrity concept and the

relevance of its different elements. One of the major tasks in THERFAT is to improve

the common understanding for application of an integrity concept (Fig. 6.

WP 6 Co-ordination

The THERFAT-consortium consists of 16 partners. The project coordination is

focused on the information exchange within one WP controlled by the WP-leader, the

appropriate data transfer between different WPs, the suitable documentation of

achieved results and the controlling of general project management issues (report

deliveries, cost statements etc.).

C. MAIN ACHIEVEMENTS

The achievements gained so far in THERFAT are listed below related to the

appropriate WP:

In WP the existing field-experience has been reviewed and analysed. A matrix of

selected Tee-configurations susceptible to fatigue caused by turbulent temperature

mixing effects has been established. The relevant Tee-parameters concerning the

geometric configuration/position and the occurring operational loads have been

identified to be investigated in detail in the following THERFAT work packages.

In WP 2 - load determination - the temperature differences and load cycle

frequencies occurring at Tees have been simulated, illustrated and quantified by

experimental approach on small scale Tee-test models in various positions and

configurations. These tests have been performed on plexiglass mockups for flow
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visualisation and metal mockups for direct measurements of temperature

distributions in the fluid and through the pipe wall. Depending on the mass flow ratio

between run and branch the significant temperature differences and load cycles

occur at different Tee-locations in different magnitude. A small mass flow in the

branch (simulated valve leakage) leads to relevant temperature loads in the branch

itself. With increasing branch mass flow the highly stressed locations are situated in

the run region downstream from the Tee. The realistic determination of heat transfer

coefficients appears to be one crucial point. So far, the evaluated heat transfer

coefficients derived from the tests are much lower than originally expected leading to

less conservative through wall stresses.

In addition to the experimental tests, numerical thermohydraulic calculations have

been performed. Agreement between analytical predictions and experimental results

are quite reasonable. Basic guidelines for an analytical load assessment that

integrate velocity and temperature fields and the calibration of the heat transfer

modelling between fluid and wall are already available.

An additional highly sophisticated aspect in the load determination field covers the

development of virtual sensors based on neural network and fuzzy logic tools to

monitor the thermal transients of the surge line in the reference NPP, Vandellos,

Spain.

In WP 4 a limited number of small and medium scaled tests have been performed to

verify selected critical aspects of the structural integrity problems, e.g. pipes

sustained to high cyclic thermal shock loads. Numerical solutions will be compared

with the experimental data of crack propagation to quantify the safety margin

between crack initiation and component failure. Results obtained so far, demonstrate

higher load bearing capabilities regarding thermal loads than expected by application

of common code procedures.

The WP 3 processing - integrity evaluation - is in progress based on the thermal

spectrum loads determined in WP 2 and WP 4 Common codes and standard

procedures and more refined analysis models are being adopted in order to achieve

a better understanding of the basic mechanisms and more accurate predictions. The

damage initiation and crack propagation assessment covers the determination of

lower "non fatigue relevant" threshold values.
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The technical THERFAT results obtained in the work packages WP 2 - 4 will be

enclosed by an over-all integrity evaluation procedure framework in WP as a first

step in the development of a road-map for a European methodology on thermal

fatigue. Proactive elements as load monitoring and the establishing of lower non

fatigue significant temperature thresholds turn out to become an important

engineering tool to optimise operation procedures in order to mitigate or even avoid

fatigue significant loads before they occur.

D. DISSEMINATION AND EXPLOITATION OF RESULTS

The THERFAT partners and NESC Steering Committee have adopted an outline

plan whereby targeted R&D projects on thermal fatigue (such as THERFAT) could be

clustered using a Thematic Network. Solutions and methodologies derived in the

project have been and will be presented at international conferences and published

in international scientific journals to improve the acceptance by the industry,

regulators and community in the international nuclear society.

The THERFAT results will be exploited with the aim of obtaining the following

benefits, e. g.:

Improve implementation of monitoring systems and interpretation of data.

Avoid unnecessary repairs and reducing operator dose.

Exchange data and experience at European level.

Promote the introduction of new assessment procedures by industry.

Improve the expertise and competitiveness for future R&D work.

The virtual sensors developed in the project will be exploited by promoted

integration of virtual sensors in existing systems for a precommercial application and

by offering consultant services for industry for the application of virtual sensors.

E. CONCLUSIONS

The WP 1-selection of representative Tee-configurations susceptible to turbulent

thermal mixing effects and the identification of critical aspects concerning thermal

fatigue degradation has been accomplished. Most of the WP 2-experimental tests to

quantify the occurring thermal spectrum loads have been performed providing the

appropriate data input for WP 3 Analytical predictions of numerical CFD-code
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analyses and experimental results are in good agreement (WP 2 Achieved results

in the experimental damage tests of WP 4 investigating the load bearing capability of

components (see Fig. 5) confirm the predicted tendencies. The basic outlines of the

integrity evaluation concept in WP have been defined as first steps on the long

route to the "development of a European methodology". Current work is focused on

condensing the WP 2 and WP 4 output to WP 3 input and on the elaboration of the

different integrity evaluation procedures in WP 3 concerning the assessment of

fatigue us-age, crack initiation and crack propagation issues for components or

specimen sustained to cyclic thermal loads.

Presently, the THERFAT project has been running for more than 30 months. The

processing of the technical work in the different WPs is sufficiently in accordance with

the intended THERFAT project time schedule.
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1. Aim of the research work

In modern applications, high strength steels are often utilised to increase the load

bearing capacity of components. For safe design it is also necessary that these

steels have an adequate fracture toughness.

The mechanical properties of high strength structural steels are a result of the

production process. In consequence, they are strongly related to the microstructure.

Therefore, the aim of the research work in the Microtough project is to develop and

apply a new method of quantitative correlation between microstructural parameters

and characteristic fracture toughness values. This correlation will on the one hand

help for the design of new structural steels with high toughness. On the other hand, it

shall allow to characterise the fracture toughness of steel without performing

expensive fracture mechanics tests.

The research work is carried out in the full temperature range from lower to upper

shelf. As both RVVTH Aachen University and MPA Uni Stuttgart concentrate on

ductile fracture behaviour in their research work, the focus of the presentation lies in

the upper shelf.
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2. Microstructural parameters of the Gurson-Tvergaard-Needleman model

The correlation of microstructural parameters with upper shelf fracture toughness

values can be performed by employing damage models like the Gurson-Tvergaard-

Needleman (GTN) [GTN1, GTN2, GTN3, GTN4] or the Rousselier [Rou] model as

these models contain microstructural parameters.

The major part of the GTN model is a yield potential considering void nucleation and

growth, equation :

CV 3 CH

4) G TN 2 q cosh - .q2 -(I q3 f*2 (eq. 1),
Cry 2 aY

with:

UV: deviatoric stresses,

UH hydrostatic stresses,

(TY: yield strength,

q1, q2, q3: model parameters,

f': modified void volume fraction.

The GTN yield potential is employed in numerical simulations instead of the von

Mises potential. When the material starts to deform plastically, the equation 0= is

solved, so that for each stress state, the modified void volume f* can be calculated.

For f*=O, the GTN potential and the von Mises potential are identic.

The void volume fraction in equation I is modified to consider the accelerated loss of

strength in a structure when damage has reached a critical value t. Figure shows

the correlation between the specific void volume content f and the modified void

volume content f*. For void volume contents lower than fc, f and f* are identic, but for

larger void volume contents than fc, f* is accelerated by the factor K.

In numerical simulations, elements collapse when the modified void volume content

f' has reached the ultimate modified void volume content t*. This value is depending
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on the model parameters q3 which are proposed to be ql=1.5, q2=1.0 and q3=2.25.

In this case, fu* is 0667, but the model parameters may also be fitted.

E fu
-6

0 4-

U

fc*=fc

CZ
110

fc ff

specific void volume fraction f

Figure 1-: Correlation between f and f*

In the GTN model, the void volume content of the damaged structure is divided into

two groups: volume content of grown up initial voids t and volume content of newly

nucleated voids fN. The value can be linked to microstructure as it is in many cases

assumed that inclusions play the role of initial voids. Then, the inclusion content and

the initial void content are the same. The volume content of newly nucleated voids N

cannot be linked to microstructure as easy as the parameter as it is not an "initial"

value. For the GTN model, it is assumed that new voids nucleate at a characteristic

equivalent plastic strain EN with a specific standard deviation SN. Usually, only one of

the parameters and fN is used for the numerical simulations with the GTN model to

minimise the number of parameters, but the selection of these parameters should

better be related to the microstructure. For instance, the parameter fo should be

chosen for steels with sufficiently high inclusion content, whereas for clean steels, the

parameter fN should be employed.
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3. Dimple and inclusion size distribution in the selected steels

For the Microtough project, five base materials were selected. Two of them are

subject of this presentation. Steel S355N is a normalized grade with a ferritic-pearlitic

microstructure and a relatively low upper shelf fracture toughness compared to other

modern steels of the sam'e strength level. The quenched and tempered pressure

vessel steel P460Q has a ferritic-bainitic microstructure. Both strength and toughness

are higher in steel P460Q than in steel S355N.

In order to investigate the effect of inclusions and precipitates on upper shelf fracture

toughness, the size distributions of inclusions and dimples on ductile fracture

surfaces have been measured for the selected grades. The inclusion size distribution

has been determined by means of light optical microscopy. The surfaces of unloaded

polished specimens have been scanned at a magnification of 1000x, and an

automatic image analysis system has detected the inclusions by comparing the grey

values. Both the inclusion content and the density have been measured, figure 2.

0,30 4000

El inclusion content

0,24 - M inclusion density 3200
Cq
E
EZ 0118 2400

0
0112 - 1600

C

0,06 800

0,00 0

$355M P460Q

Figure 2 Inclusion content and inclusion density for the selected materials
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Steel S355N has an inclusion volume content of 020% and a density of about 800

inclusionS/MM2, whereas steel P460Q has a lower inclusion volume content of

0. I%, but a higher density of about 1550 inclusions MM2. So the inclusions in steel

P460Q must be significantly smaller than in steel S355N, as about double as many

inclusions make up only about half of the inclusion volume content.

For the determination of size distributions of dimples on facture surfaces, ductile

fracture surfaces have been scanned with a SEM. Afterwards, transparencies have

been fixed on the SEM prints. Then the borderlines of the dimples were marked on

the transparencies so that the automatic image analysis system could be employed

to measure the size distribution shown in figure 3.

100 

go S365N
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Figure 3 Cumulative size distribution of dimples on ductile fracture surfaces

Obviously the dimples in steel S355N are large compared to steel P4600. In SEM

investigations, some of the large dimples in steel S355N contained inclusions,

whereas in steel P460Q, one could hardly find any inclusions in the dimples. Figure 4

shows two of the SEM photos that were employed for the determination of the size
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distribution of the dimples. The difference in dimple size for the two selected steels is

obvious.

Left side:
Ductile fracture sur-
face of steel S355N

Right side:
Ductile fracture sur-
face of steel P460Q

Figure 4 Dimples on fracture surfaces at a magnification of 2800x

The contribution of different classes of equivalent diameter to the size distributions of

dimples and inclusions is presented in figure for both materials. In steel P460Q, the

largest contribution for both dimples and inclusions appears at equivalent diameters

between 0.5 [tm and 2 tm, whereas steel S355N also contains considerable

amounts of dimples and inclusions with larger equivalent diameters than 12 jtm.

S 3ft 6 6 N P46 0 OW' " -
12 0,024 32 01064

El voidsEl voids
0!10 01020

24 0 inclusions 010489 inclusions0> 0>

0Q'012.2 2 0,03.
44:3
Z

0 0

2 0.004

0 0,000 0 0,000

0,5 5,5 10,5 115 25 0,5 3 5,5 8

equivalent diameter, �tm equivalent diameter, �tm

Figure 5: Contribution of classes of equivalent diameter to the size distributions of

voids and inclusions
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4. Choice and determination of microstructural parameters

Due to the sufficient inclusion size and volume content of steel S355N the parameter

to was selected for the simulations with the GTN model for this material. Voids

preferably nucleate at inclusions in steels with sufficient inclusion volume content, so

it is assumed that the initial void volume content and the inclusion volume content are

the same. Therefore, the value f = 020% was selected for steel S355N.

Steel P460Q contains much smaller inclusions than steel S355N. Also the dimples

on ductile fracture surfaces are much smaller for the quenched and tempered steel.

This may indicate that under an increasing load, the voids nucleate only closely

before fracture offset of a structure made of this steel. In consequence it is preferable

to select the parameter fN for the simulations with the GTN model.

The parameter fi annot be determined from microstructural investigations like the

parameter t. It has to be fitted instead by comparing simulations with experiments.

Nevertheless, the characteristic equivalent plastic strain EN where most of the new

voids nucleate can be determined experimentally with the Direct Current Potential

Drop (DCPD) technique.

The characteristic strain N is determined experimentally in tensile tests with notched

specimens. During the test, a constant direct current of 10A flows through the

specimen which has therefore to be isolated electrically against the testing machine.

When the diameter of the specimen decreases due to the mechanical load, the

specimen's electrical resistance increases, so that also the voltage has to be

increased to keep constant the current of 10A. During the test, the potential

difference between the two halfs f the specimen is measured. It stays nearly

constant during the elastic deformation, and when the elastic limit is reached, it

increases rapidly.

At the moment of nucleation of new voids a buckling in the potential difference plot

appears as the electrical resistance of the specimen suddenly increases. In order to

stop the next test at void nucleation, the load belonging to this buckling in the

potential plot is taken from the test. For the calculation of the characteristic equivalent
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plastic strain EN, the Bridgman correction is employed. The notch diameter of the

specimen belonging to the test stopped at void nucleation is measured optically.

Figure 6 shows how CN=0.21 0 was determined for steel P460Q.

P4600
20 1,0

16 7

z 12 - 0,6 >
E D 5.22mm D 4�70nw-i

o 8 YZ OA < Bridgman correction:

4 1 072 Do
D

F
0 Oto D

0 200 400 600 00
D 4,0A

time, s

load time delta U time

Figure 6 The DCPD technique for the determination of the characteristic

equivalent plastic strain N

5. Application of the GTN model for the prediction of upper shelf fracture

toughness based on microstructural parameters

The flow chart in figure shows how characteristic upper shelf fracture bughness

values can be derived from microstructural parameters and tensile tests in

combination with numerical simulations. First, the selected microstructural

parameters have to be determined from metallographical investigations, and tensile

tests have to performed in order to derive the material's flow curve. The model

parameters qj, 2 and q3 should be adapted from the suggestions in literature [Tve].

In a second step, a simulation of a tensile test with a notched round specimen has to

be performed. By omparing the load - diameter reduction curves from experiments

and simulations, the microstructural parameters can be checked:
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If both curves from simulation and experiment fit well together, the parameter

set is verified. In this case, a simulation of a facture toughness test can be

performed using this parameter set to calculate the physical crack initiation

value.

2. If the two curves from experiment and simulation do not fit well together, the

microstructural parameters are not verified. An iterative process has to start

then to find the new parameters. In consequence, the relation between

microstructure and fracture toughness is lost here. The fitted parameters have

to be verified as well, so that a simulation of a tensile test with a notched round

specimen of another notch geometry has to be performed in a next step. Once

again, the curves from experiment and simulation have to be compared to

each other to prove that the selected parameter set is valid. Using this

parameter set again, a simulation of a fracture mechanics test can be

performed to calculate the crack initiation value.

.. ............ ........

Simulatiom Experiment:
Tensile test, Comparison Tensile test,

notched specimen, notched specimen,
geometry #1 geometry #1

1. Parameters verified! 2. Parameters
fitted!

Parameter

verification

Simulation of a fracture mechanics test for the calculation of il

Figure 7 Flow chart for the prediction of characteristic upper shelf fracture

toughness values
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6. Results

For steel S355N a characteristic upper shelf crack initiation value of 124 N/mm was

measured in fracture toughness tests. The iterative method was applied to determine

this experimental value. SEM investigations were performed to check that first

dimples could be found on the fracture surfaces. Additionally, the crack initiation

value JiDCPD = 114 N/mm has been determined with the DCPD technique to confirm

the results of the iterative method.

The microstructural parameters determined in metallographical investigations have

been verified after the simulation of a tensile test with a notched round specimen

when the curves from experiment and simulation were compared to each other.

During the simulation of a fracture mechanics test, the crack initiation value

Jisim = 143 N/mrn was calculated. The results for steel S355N are summarized in

figure 8. Obviously, the prediction of the physical crack initiation value was

successful for this material.

Microstructural parameters: f=0.002, f=0.04
12 - 91 45 

401 0
35

Z a 30 
25 - -
20 -

-2 4 -

2

0 0

0,0 0,5 0
0,0 0,4 0,8 1.2

diameter reduct on MM COD, mm

-S355N, exp. -S355N, sim. S355N, exp. $355N Si

Figure 8: Results for steel S355N
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The physical crack initiation value = 104 Nlmm was measured for steel P460Q in

fracture toughness tests by applying the iterative method. Once again SEM

investigations were performed to prove that first dimples could be found on fracture

surfaces, and also the 4DCPD-value of 80 N/rnm value was determined experimentally

to confirm the characteristic crack initiation value from the iterative method.

For steel P460Q, the parameter EN = 021 was determined experimentally, but the

parameters fi and SN still had to be fitted by comparing experimental and simulated

load - diameter reduction curves of tensile tests with notched round specimens.

When a valid set of parameters fi and SN was identified, another tensile test with a

notched round specimen of a different notch geometry was simulated with the same

parameters. As the simulated curve and the experimental one again agreed with

each other, figure the verification of the parameter set was successful, so that the

crack initiation value Ji,,im = 200 N/mm could be calculated by simulating a fracture

mechanics test. For steel P460Q, the experimental crack initiation values and the

results from modelling do obviously not fit together as well as for steel S355N.

Microstructural parameters: pi,=0.21 fN-0.003, SN-0.1

P460Q P460Q
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CT-Probe, Ep. CT-Probe Sim,2. KG, Exp. 2 XG, Sim.

Figure 9 Results for steel P460Q
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7. Summary and discussion

The aim of RWTH's work in the European research project "Microtough" was to apply

the upper shelf damage model by Gurson-Tvergaard-Needleman for the prediction of

upper shelf crack initiation values and to determine model parameters in

microstructural investigations in order to avoid rifting of parameter sets. The results

for two structural steels with different microstructures and strength levels have been

presented.

For the two steels, the upper shelf fracture behaviour and the size distribution of

inclusions have been characterised for the selection of the model parameters. Steel

S355N contains a relatively homogeneous distribution of inclusions which are

responsible for the nucleation of primary voids. Compared to steel P460Q, the

dimples on fracture surfaces are significantly larger, and SEM investigations showed

that some of the dimples were still filled with inclusions. Therefore it was assumed

that the inclusions play the role of initial voids. For modelling with the GTN model, the

parameter o (initial void volume content) was selected for steel S355N. This

parameter was determined in microstructural investigations by applying an automatic

image analysis system which determined the inclusion volume content. Simulations

of a tensile test with a notch round specimen and a fracture mechanics test with a

C(T) specimen were successful, and the experimental crack initiation values Aiterative

and JiDCPD fitted together with the model prediction Jsim.

The inclusion sizes as well as the inclusion volume content are much smaller in steel

P460Q than in steel S355N, and SEM investigations showed that also the dimples on

fracture surfaces are significantly smaller. It was concluded that for steel P460Q, the

relation between the inclusions and the nucleation sites of voids can be neglected for

modelling. In consequence, the parameter fN (volume content of newly nucleated

voids nucleating at a characteristic equivalent plastic strain N with a specific

standard deviation SN) has been selected for the simulations of tensile tests with

notched round specimens and fracture mechanics tests with C(T) specimens. The

parameters fi and N cannot be determined in microstructural investigations, but for

the determination of the parameter EN, the DCPD technique has been applied
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successfully in tensile tests with notched round specimens. Different simulations of

these tensile tests with notched round specimens of different notch geometries have

been performed for the fitting of the parameters fi and SN and for the verification of

the selected parameter set. It was shown that the determination of the parameter N

with the DCPD technique was performed succesfully as the experimental load -

diameter reduction curves fitted together quite well with the curves precited by the

simulations. Also for steel P460Q a simulation of a fracture mechanics test with a

C(T) specimen has been performed. The experimental load - crack opening

displacement curve and the curve resulting from the simulation agreed with each

other, but the prediction of the characteristic upper shelf crack initiation value Ji

failed.

The investigations showed that it is possible to determine parameters of the GTN

model in microstructural investigations in case that the rricrostructural properties are

distributed homogeneously through the material. Also the parameter EN can be

determined experimentally by applying the DCPD technique. In some cases, the

prediction of characteristic upper shelf crack initiation values with the GTN model

fails although the parameter sets have been verified in simulations of tests different

from fracture mechanics tests. This may result from the mesh size dependence of the

crack initiation values predicted by the GTN model. The investigations have also

shown that the fracture behaviour of the test material should be kept into account by

the selection of the model parameters as the differences in fracture behaviour can be

significant for different structural steels.

8. Outlook

In future, the investigations will also be performed for the steel grades P690Q and

S890Q. Additionally, the simulation of a fracture mechanics test with a C(T)

specimen made of steel P460Q will be repeated with a pre-damaged element so that

the experimental and numerical J-values will better agree with each other.
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Abstract

The Reactor Pressure Vessel (RPV) is an essential component, which is liable to

limit the lifetime duration of PWR plants. The assessment of defects in RPV sub-

jected to pressurized thermal shock (PTS) transients made at an European level

generally does not necessarily consider the beneficial effect of the load history

(Warm Pre-stress, WPS).

The SMILE project - Structural Margin Improvements in aged embrittled RPV with

Load history Effects - aims to give sufficient elements to demonstrate, to model and

to validate the beneficial WPS effect. It also aims to harmonize the different

approaches in the national codes and standards regarding the inclusion of the WPS

effect in a RPV structural integrity assessment. The project includes significant

experimental work on WPS type experiments with C(T) specimens and a PTS type

transient experiment on a large component.

This paper deals with the results of the PTS type transient experiment on a

component-like, specimen subjected to WPS- loading, the so called Validation Test,

carried out within the framework of work package WP4. The test specimen consists

of a cylindrical thick walled specimen with a thickness of 40 mm and an outer

diameter of 160 mm, provided with an internal fully circumferential crack with a depth

of about 15 mm. The specified load path type is Load-Cool-Unload-Fracture (LCUF).
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1. Introduction

The integrity of the reactor pressure vessel (RPV) of nuclear power plants (NPP)

is essential to its safe operation. A hypothetical rupture of the vessel has the potential

to cause a massive loss of coolant, overheating of the reactor core, and a

subsequent major release of radioactivity to the environment. As part of the

assurance of structural integrity, the RPV structural integrity analyses on the basis of

fracture mechanics considers the behaviour of defects under normal and abnormal

loading conditions. It assesses safety margins and component lifetimes as material

degrades due to irradiation and (or) thermal ageing. These integrity analyses

compare load and resistance terms to demonstrate that the crack driving force does

not exceed the vessel material fracture toughness during all the transient, whatever

the loading path (loading and unloading parts of the transient). Generally fracture

toughness data are derived from tests performed on standard (deeply-notched)

specimens to ensure data representing high hydrostatic stresses near the crack tip

(high constraint) and plane strain conditions. This will provide a lower bound material

property independent of specimen size.

In some countries (such as France), the structural integrity assessment of a RPV

subjected to PTS transients doesn't take into account the potential beneficial effect of

the load history ('warm pre-stress WPS') on the vessel resistance regarding the risk

of brittle failure. This has some major consequences:

• a potentially over-conservative assessment of the margins associated with

the loading to which the component (RPV) is subjected

• a potential economic penalty due to under-estimation of the component

safe lifetime

A 3-year European Research Development project (SMILE) started in January

2002 as part of the Fifth Framework Programme of the European Atomic Energy

Community (EURATOM).

At MPA Stuttgart experimental WPS-simulations with C(T)-specimen 13] were

carried out to prove the validity of the WPS-principle. These investigations 3 have

shown clearly: "no fracture at constant and decreasing load or dropping

temperature". Fracture was only initiated if the load increased at lower reloading

temperatures. The level of the warm pre-stress determined mainly the reachable

reloading level at fracture. The progress of the transient, especially the degree of
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unloading following the maximum and the specimen size, was identified as additional

influencing factor.

2. SMILE Project

SMILE 'Structural Margin Improvements in aged-embrittled RPV with Load history

Effects' is one of a 'cluster' projects in the area of Plant Life Management. It aims to

demonstrate on small and large scaled specimens, to model and to validate the

beneficial effect of the warm pre-stress in a RPV structural integrity assessment.

Finally, this project shall harmonize the different approaches as the general basis for

European codes and standards regarding the inclusion of the WPS effect in a RPV

assessment.

The SMILE project is organized in 6 work packages, Table .

2.1 Purpose of project and expected results

The aim of this project is to show and better understand the effect of the warm

pre-stress (WPS) in a RPV structural integrity assessment, and to define and

establish some recommendations and guidelines for a pre-codification in main

European codes and standards. The beneficial effect of the load history ('warm pre-

stress') on the vessel resistance regarding the risk of brittle failure can be

summarized as follows:

Brittle failure is excluded during the unloading of the vessel (decrease of the

stress intensity factor Kj versus temperature T, even if the loading path K - T

intersects the material fracture toughness curve). In case of a final reloading of the

vessel at lower temperature, the brittle failure would be obtained with beneficial and

substantial margins compared to material fracture toughness obtained on a 'virgin'

material. Elements necessary to propose a methodology to take into account WPS in

a RPV assessment will be investigated. This is to be carried out by experimental

work on conventional fracture mechanics specimens, such as C(T) specimens, and a

'large-scale' component in terms of a cracked cylinder submitted to a PTS type

transient leading to a better understanding of metallurgical and mechanical

phenomena, and through the development (or improvement) of analytical and

numerical models. The results obtained during this project will permit a more precise
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prediction of a possible brittle failure in a RPV submitted to a severe overcooling

transient.

WP Tasks WP
Leader

WPI Co-ordination and Management EDF

WP2 Calibration tests SERCO

WP2.1 Characterization of the degraded material
WP2.2 Confirmation of the WPS effect on degraded material
(WPS3)
WP2.3 Calibration of WPS models on undegraded material
(18MND5)
W132.4 Load history effect on ductile tearing

WP3 Assessment of models CEA

WP3.1 Selection of models
WP3.2 Validation of models against existing data (WPS3 &

118MND5)
WP4 Validation test MPA

WP4.1 Test specification and design of test
WP4.2 Validation test
WP4.3 Fractography
WP4.4 Interpretation of validation test

WP6 Cases studies FRAMATOME-
ANP GmbH

WP5.1 Development of cases studies specifications
WP6.2 Application to a RPV sub clad flaw with an actual PTS
transient
WP6.3 Application to a RPV through clad surface crack with an

I actual PTS transient
WP6 Programme evaluation, synthesis and recommendations EDF

WP6.1 Guidelines for Codes Standards
WP6.2 Conclusions and recommendations

Table 1: Description of SMILE work-packages

2.2 Participants

The consortium consists of 11 partners. The expertise of the members is both

interdisciplinary and complementary in many fields. It includes three utilities (EDF BE

and E.ON) a manufacturer (Framatome-ANP & Framatome-ANP GrnbH, the largest

European RPV manufacturer), four research organizations (CEA, SERCO, IWM

Freiburg as subcontractor of E.ON and MPA Stuttgart), one European research

laboratory (JRC Petten, Institute of Energy), one safety authority (BCCN) and one US

National Laboratory (ORNL with the sponsor of the US NRC). Except of the French
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Safety Authority, all the participants - including ORNL - are members of NESC

network 4].

3. WP4 Validation Test - test program

A major feature of the SMILE-project is to demonstrate the warm-pre-stress-effect

(WPS) under thermal shock conditions. Thus, a model vessel (hereafter referred to

as test specimen) containing a circumferential crack was tested under combined

thermal and mechanical loading. This validation test was specifically designed to

produce a pronounced preloading in the upper shelf region of fracture toughness

without crack initiation and to show the benefit of WPS-effect by final loading up to

fracture in the lower shelf region.

An important boundary condition was determined by the available test technique:

cooling can only be carried out by means of water at ambient temperature (room

temperature RT). This made it necessary to choose a material with a lower shelf

fracture toughness in the room temperature (RT) range.

3.1 Material investigation

A model material, 17 MoV 4 mod., denominated WPS3, was available for which

the mechanical properties could be changed by special heat treatment. These

properties were tailored to match the properties of a reactor pressure vessel material

after irradiation, with respect to strength, toughness and transition behaviour. This

meets the requirements of the planned transient curve and has the advantage that

the material is very well characterized 1,3].

3.2 Geometry

The specimen consists of a cylindrical thick walled specimen with a thickness of

40 mm and an outer diameter of 160 mm. It has an internal fully extended

circumferential crack with a depth between 14 mm and 15 mm. An initial crack depth

of 12 mm was spark-eroded and further 23 mm were generated by pre fatigue-

cracking.
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3.3 Load path

The specified load path type is Load-Cool-Unload-Fracture (LCUF). The test

specification was supported by extensive pre-test-calculations [5] to ensure that the

objectives were met. The test program consisted of

• one ,dummy test" to check the thermal transient and to define the thermo-

physical parameters and

• the validation test, the main features of which are:

1. Pre-loading in the upper shelf region of fracture toughness.

2. Thermal shock according to the evaluated thermal transient.

3. Fracture by subsequent mechanical loading at RT

4. Test loop procedure

To realize the thermal transient in the cylinder, the cooling water feeding is

performed with a water-spraying device, FAij. The operating mode of the cooling

circuit - see also Fil 2 - is:

1. Heating of the air-filled test specimen by means of heating mats

2. When the test specimen has reached the starting temperature of 300'C the

pressure control valve is adjusted at pi = MPa.

3. After this the high-pressure pump (plunger pump) is started. First the whole

water quantity 200 I/min) is delivered over the by-pass channel around the

test specimen. The reason for this measure is that the control valve needs

some time to reach a constant pressure. The advantage is to obtain imme-

diately the full constant pressure and the full delivery volume at the begin-

ning of the cooling water feeding.

4. When achieving a constant pressure in the bypass-channel the bypass-

mode will be switched into the test mode. For this the 3/2-direction valve

will be opened and with a time delay of 50 rns as well the 2/2-direction con-

trol valve and the cooling process starts.
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5. Instrumentation of test specimen

The situation just before the test is shown in Fig 3 The geometry of the specimen

and the key features of the instrumentation plan, consisting of clip gauges (G) for

displacement measuring, strain gauges (DL = longitudinal, DU = circumferential) and

thermocouples (T temperature of material, TF temperature of fluid) are given in

Rq 4-

Eig.,.q: Specimen with instrumentation and insulation before test
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ELqA: Cross-sections, position of clip gauges (G) for displacement measuring,
strain gauges (DL = longitudinal, DU circumferential) and thermocouples (T)

6. Specification of load path

The goal for pre-loading was defined in reaching a load level of about 10% under

the lower line of the Kj - scatter band in the upper shelf region. This value amounts
12to 75 Warn' Since this value cannot be reached by thermal shock loading only, an

initial tensile load is applied. Fig. shows the non-linear design-calculations of MPA
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by means of the Finite Element Code ABAQUS. 50%- and 5%- Master Curves, which

have been corrected to the actual component crack length, are shown as well in

Fig.5. The influence of the total crack lengths on the Master Curves is rather small,

so that the presented 50% Fract. and % Fract. Master Curves (crack length:

346 mm, crack depth: 15 mm) are representative for all the depth values considered.

Consequences for test design are

• Crack depth 4 mm: High risk of initiation during warm pre-stress

• Crack depth 12 mm: Low risk of initiation during warm pre-stress

• Crack depths 15 mm: Nearly no risk of initiation during warm pre-stress

The design calculations show that for crack depths greater than 12 mm the intersec-

tion-point with the Master Curves lies in the decreasing part of the load-paths, where

there is no risk of failure due to the warm-pre-stress-effect.

1 00
Level of upper shelf

90 ductile initiation KIJ

80 

70 -
_E 60

1?1
co

a- 50 -
K 4 mm)

U. 40
K (8 mm)

30 - K ( 2 mm)
K(15 mm)

20 Master Curve with consideration K 20 mm)
10 of crack length correction 50%-Fract., 1 mm

act., 15 mm.
0

0 50 100 150 200 250 300

Temperature C

F4 5: Calculated load paths for crack depths 4 8, 12, 15 and 20 mm of the Test
Specimen

Based on these results, the validation test was performed with a nominal crack

depth of 15 mm and a constant tensile load of 21 MN during the whole transient.

The starting temperature was T = 290 "C. The load path is given in Ea&. Reloading

up to fracture was carried out at a loading rate of 2 MN/minute.
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Final Specification of the defined Loadpath LCUF
100 I I I

Further Cooling until AT = 20'C between inside and outside
90- I w� �'.......... [.................. .... ...........
80 >14 s PTS, internal pressure

eload up to Fracture
70 th constant gradient

E 60 cool ,
E 50 Crack depth

40 Master Curve with consideration of i a = 5 mm Load

30 crack length correction ]--a- 50%Fract. A V'rensile
20 5 % F ract. - Force

10 Unload - F = 21 MN

Controled heating 10K/h 30-40h
0

0 50 100 150 200 250 300
Temperature C

Ejg,�: Designed load path

7. Fatigue pre-cracking

The initial crack was induced by electrical discharge machining (EDM) and then

further extended by fatigue with internal pressure, Ejq,_.Z. This produced slightly non-

symmetric crack-growth and was stopped at an average crack depth of 14.3 mm

based on online ultrasonic measurements. Post-test investigations of the crack sur-

face yielded an average crack depth of 14.9 mm.

Prefatigue Cracking
SMILE -Validation Test

20 -

19 - - I I �J -W-EDM notch
IDesigned crack depth a 1 mm

18 - 16.07.03fatigue crack depth 3 mm)
17 -

E 16.E F

-5 I r" -,A-Prefatigue-crack
CL after 300000

14 loadchanges

13 09.10.03

12

11

110

9
0 30 60 90 120 150 180 2;0'240 270'3�0'33'0'36'0

Circumferential Position ri

Fig 7 Depth of the circumferential crack in the validation test specimen
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8. Test results

As mentioned above the specimen was loaded combined by tensile load and

thermal shock. The tensile load applied by the testing-machine is regulated manually.

Immediately after thermal shock at t - 0 s the task was to keep the tensile load at a

value below 21 MN but over 2 MN. This task was fulfilled well as seen in Fig. 8. On-

line calculations of K, over time on the basis of measured temperatures showed that

the real load path was close to that specified, g.,_2.

2.5 SMILE WP4 Validation Test, MPA Stuttgart, 28-01-2004

2,0

1,5

1'U
0 -Load [MN]

0,5

0,0

-0,5

-50 0 50 100 150 200 250 300 350 400 450 500 550 600

Time [s]

Fig. 8: Tensile load during thermal shock transient PTS
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Fiq 9 Comparison of designed load path with the online-calculation
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A reset to zero of all measurement data was carried out at the beginning of heating

and before reloading up to fracture. A check that the cooling was homogenous in

longitudinal direction was carried out by means of temperatue mesurements in three

cross-sections A C-C, D-D. All temperature curves at the inner and at the outside

wall surface along the cylinder (cross sections) lie very close together. At a depth of

5 mm the temperature is nearly identical in 3 different cross-sections along the cylin-

der. The development of the temperature distribution in time during the transient

close to the crack in cross-section C-C is shown in Fi-q. 1 0.

SMILE WN Validation Test, MPA Stuttgart, 28-01-2004

350 - I I I

Section C-C, 00 _TF, T Fluid, C-C, 0.

300 - - T6, mm, C-C, O'

- T26, 5 mm, C-C, O'

250 - - T25 75 mm, CC' O'

200 10 mm, C-C, O'

--- T23,15 mm, C-C, O'

M 15 - - T22, 20 mm, C-C, O'
E

- T21, 30 mm, C-C, O'

100 T12,40 mm, CC 01

50

0 

-50 0 50 100 150 200 250 300

Time [s]

Fig. 1 0: Temperature distribution over wallthickness in cross-section C-C

Fig. 1 1 shows the measured longitudinal strain DD in section A-A close to the

grip over the time during the transient with a decrease of 06 mm/m due to PTS fol-

lowed later by unloading starting at t = 400s. Crack opening displacements measured

by means of clip gauges in section - cp. Fig. 12) were greater at position a = 0

in comparison to position a = 80' in correspondence with a deeper pre-fatigue crack

at position a = 0. Acoustic emission results did not give any indications of crack ini-

tiation during thermal shock.
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90,
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0.

270'
T = thermocouple

DL = longitudinal strain uage Test Specimen (SMILE)
DU = circumferential strain guage (cross section A-A)

SMILE WP4 Validation Test, MPA Stuttgart 28-01-2004
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Fig. 1 1: Measured longitudinal strains DD in cross-section A-A during transient and
unloading at t = 400s
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SMILE WP4 Validation Test, MPA Stuttgart, 28-01-2004
0,35
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E
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E0

0,15 1
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Fig. 12: Measurement of crack opening displacements by means of clip gauges in
section - cp. Fig. 4

Re-loading up to fracture was carried out with a linear loading rate of 2 MN/min. A

reset to zero of all measurement data was carried out before reloading. The final

fracture load was 539 MN. The corresponding temperature-level during re-loading

ranged from 320C to 420C, slightly above RT. Since the fracture toughness in the

lower shelf region remains constant up to about 100'C, the re-loading was carried

out in the lower shelf region of fracture toughness. Fig. 13 shows the crack opening

SMILE Validation Test - Reloading up to Fracture, MPA Stuffgart, 28-01-2004
6,00 

5,0 -

4,00 -

3,UU 

0
_j _G1 0 mm, B-B, O'

2.00 _G2 0 mm, B-B, 180'

1.00

0,00

0 0,02 0,04 0,06 0.08 0.1 0.12 0,14 0.16 0,18

Displacement [mm]

Fig. 13: Crack opening displacement
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behaviour measured by means of the clip gauges G1 and G2. G1 at position O' gives

greater values han G2 at position 1800, which is again corresponding to the final size

of the fatigue crack. The corresponding fracture load during reloading in the lower

shelf region was significant higher than the crack initiation values of the original ma-

terial in the lower shelf region, confirming the beneficial WPS effect. The acoustic

emission results correspond with the time of fracture.

9. Fractogiraphic examinations

Following the test the fracture surface of the test specimen was examined in de-

tail. An overall view is shown in Fig. 14, in which the limit of the fatigue pre-crack and

the subsequent fracture is clearly visible. SEM examinations, Figs. 15-17, confirmed

that the fracture morphology is predominantly cleavage (Fig. 15), as anticipated from

the isothermal and WIPS tests performed on standard fracture mechanics specimens

fabricated from the same material. No isolated cleavage initiation sites were identi-

fied, suggesting that this occurred at multiple sites all around the crack tip. Only lim-

ited signs of crack tip plasticity and local dimple fracture were found. The overall

roughness of the fracture surface was noted. Metallographic sections (see Fig.15 for

example) confirmed that the fracture occurred on several different planes with fre-

quent instance of multi-

ple cracking. Similar

behaviour has been ob-

served on C(T) type

specimens tested using

WPS type loading cy- A
A

cles, whereas speci-

mens tested under

standard conditions

show a much smoother

fracture surface (and

lower toughness).

Fig. 14: Rough fracture
surface of speci-
men
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Fatigue crack

mm
Area of detail in next gure

Cross-section of the fracture surface on the SMILE WPS component

Detail of the pre-fatigue crack tip and cleavage initiation region (corresponds to
the above red box)

Fig. 5: Micrograph, contribution from JRC Petten to 61
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Fig. 16- Contribution of CEA to 61

Fig. 17: Top down: cleavage - equibiaxial dimples -
fatigue crack; contribution of MPA to 6]
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10. Summary

The experimental results of a PTS type transient experiment on a large vessel-like

component subjected to WPS- loading are described. The test specimen consists of

a cylindrical thick walled specimen with a thickness of 40 mm and an outer diameter

of 160 mm, provided with an internal fully circumferential crack with a depth of about

15 mm. The specified load path comprises Load-Cool-Unload-Fracture (LCUF).

No crack initiation occurred during cooling (thermal shock loading) although the

loading path crossed the fracture toughness curve in the transition region. The bene-

fit of the WPS-effect by final re-loading up to fracture in the lower shelf region, was

shown clearly. The corresponding fracture load during reloading in the lower shelf

region was significantly higher than the crack initiation values of the original material

in the lower shelf region.

The post test fractographic evaluation showed that the fracture mode was pre-

dominantly cleavage fracture also with some secondary cracks emanating from major

crack.
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Abstract

The reactor pressure vessel (RPV) is an essential component liable to limit the lifetime duration of
nuclear PWR power plants. The structural integrity assessment of RPV subjected to pressurized
thermal shock (PTS) transients made at an European level does not take always into account the
potential beneficial effect of the load history (warm pre-stress WPS). A three-year European Research
& Development program (SMILE) started in January 2002 as part of the Fifth Framework Program of
the European Atomic Energy Community (EURATOM) to evaluate this effect.
The SMILE project is one of a 'cluster' of Fifth Framework Projects in the area of Plant Life
Management. It aims to give sufficient elements to model and to validate the beneficial WPS effect in
a RPV structural integrity assessment. Finally, this project aims to harmonize the different approaches
to lay the basis for European codes and standards regarding the inclusion of the warm pre-stress
(WPS) effect in the RPV assessments.
Within the framework of this project, an important experimental work has been conducted including
WPS type tests on CT specimens and also a PTS type transient experiment on a large cracked cylinder.
The present paper describes shortly the PTS type experiment and presents the corresponding analyses
based on engineering methods, finite element elastic and elastic-plastic computations, and local
approach to fracture. The results are in good agreement with the experimental result. Significant
margins are underlined, with an effective significant increase of the material resistance regarding the
risk of brittle failure.
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2 - The SMILE project and the warm pre-stress WPS)

The integrity of the reactor pressure vessel (RPV) of nuclear power plants (NPP) is essential to its safe
operation. A hypothetical rupture of the vessel has the potential to cause a massive loss of coolant,
overheating of the reactor core, and a subsequent major release of radioactivity to the environment. As
part of the assurance of structural integrity, the RPV structural integrity analyses - based on fracture
mechanics - consider the behavior of defects under normal and abnormal loading conditions to assess
safety margins and component lifetimes as materials become degraded by iadiation and (or) thermal
ageing. These analyses compare load and resistance terms to demonstrate that the crack driving force
does not exceed the vessel material fracture toughness during all the transient, whatever the loading
path (loading part and decreasing part of the transient).

In some Western countries (such as France), the structural ntegrity assessment of a RPV subjected to
PTS transients doesn't take into account the potential beneficial effect of the load history ('warm pre-
stress WPS') on the vessel resistance regarding the risk of brittle failure. Such approach has then some
major consequences

- a potentially over-conservative assessment of the margins associated with the loading to
which te component (RPV) is subjected

- a potential economic penalty due to under-estimation of te component safe lifetime

A 3-year European Researc & Development project (SMILE) started in January 2002 as part of the
Fifth Framework Programme of the European Atomic Energy Community (EURATOM) 12].
SMILE 'Structural Margin Improvements in aged-embrittled RPV with Load history Effects' is one
of a 'cluster' projects in the area of Plant Life Management. It aims to demonstrate on specimens
(small and large scales), to model and to validate the beneficial effect of the warm pre-stress in a RPV
structural integrity assessment. Finally, this project aims to harmonize the different approaches to lay
the basis for European codes and standards regarding the inclusion of the WPS effect in a RPV
assessment.

All elements necessary to propose a methodology to account WPS in RPV assessment will be gathered
or obtained. This is done through experimental works on conventional fracture mechanics specimens
(such as CT specimens) and a 'large-scale' component (cracked cylinder submitted to a PTS type
transient), leading to a deep understanding of metallurgical and mechanical penomena, and through
numerical works and development (or improvement) of analytical and numerical models.

Within the framework of this project, an important experimental work has been conducted including
WPS type tests on CT specimens and also a PTS type transient experiment on a large cracked cylinder
[3]. The present paper describes sortly the PTS type experiment and presents the corresponding
analyses based on engineering methods, finite element elastic and elastic-plastic computations, and
local approach to fracture. The results are in good agreement with the experimental result. Significant
margins are underlined, with an effective significant increase of the material resistance regarding the
risk of brittle failure.

The warm pre-stress effect is well known. The beneficial effect of te load history wann pre-stress')
on the vessel resistance regarding the risk of brittle failure can be summarized as follows (Figure )

2
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Brittle failure is impossible during the unloading of the vessel (decrease of the stress
intensity factor Kj versus temperature T, even if the loading path K - T intersects the
material fracture toughness curve)

In case of a final reloading of the vessel at lower temperature, the brittle failure would be
obtained with beneficial and substantial margins compared to material fracture toughness
obtained on a 'virgin' material

ToudIness
Transition axw

lri,-reactor
Loadingpath

...............

saky

I 4 1enrerature

T2 T1

Hactute ewit Transition oxw

Uoratory
Loadingpath

* fffPeratm
T2 T1

Fipure 1 Schematic of warm pre-stress in RV assessment
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3 - Description of the WPS validation test

In order to demonstrate the WPS-effect on a 'representative' component under thermal shock
conditions (PTS) a model vessel in the form of a cylinder containing a circumferential shallow crack
has been tested by MPA STUTTGART under combined mechanical and thermal loading. Full
information about this experiment can be found in paper 3].

The material used for the validation test is the WPS3 steel 17 MoV 4 mod. steel). In order to
simulate an irradiated end of life RPV material, it was artificially degraded by special heat treatment.
The wall thickness of the cylinder is 40 mm and the inside diameter 80 mm (Figure 2.

1 5

C.ck

40

WPS3 =11Md-dj-1rd

lergthwing plem

Test Specimen -Validation Test

Figure 2 Geometry of the cylinder

The characterization of material properties has been fully achieved, including the evaluation of the
fracture toughness behaviour by applying the Master curve approach (To 140 'C), using CT
specimens.

The experiment is conducted as follow, and also described on Figure 3

I/ Pronounced pre-loading in the upper shelf region of fracture toughness without ductile
tearing initiation

2/ Thermal shock by internal cooling of the specimen
3/ No fracture is expected during cooling phase, although crossing of fracture toughness K,

and stress intensity factor Ki (decreasing Ki) curves
4/ Final tensile reloading at room temperature up to final failure (expected bttle failure)

The initial crack was induced by spark eroding and fatigue cracking with internal pressure. The fatigue
cracking was stopped at an averaged crack depth of 14.3 mm 13.5 mm a 5.5 mm). All the
experimental conditions (Pressure, temperature, initial tensile load, crack depth ... were previously
defined during the design of the experiment, particularly to achieve the initial objectives.

Prior to this experiment, the experimental program contains also some WPS type experiments
performed on conventional deep cracked CT fracture mechanics specimens, useful for the analysis of
the validation test. Moreover all te experimental data obtained on the CT specimens have confin-ned
the beneficial effect of warm pre-stress, with a significant increase of the material fracture toughness
regarding te risk of brittle failure initiation.

4
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Final Specification of the defined Loadpath LCUF
100 - I - I ;. 7

Further Cooling until AT = 20'C between inside and outside wall
90 .................. ...... ................ I.......
8 - 5'Y6 s PTS, internal pressure Pi 5 MPa

Reload u to Fracture
70 -

E 60 -- with Iconstant gradient cool

m 5 - Crack depth

U_
40 a I mm Load

K (1 5mm)

50%Fract. Tensile
20 - 5 % Fract. Force

10 Unload ::I F = 21 MN
Controled heating 1 OK/h 30-40h

0

0 50 100 150 200 250 300

Temperature/'C

S M I L E

Fizure 3 Final specification of the WPS load path CUF cycle)

The experiment has been conducted by MPA Stuttgart on January 2004, with full success. Due to a
technical problem te internal pressure during the experiment was only 35 MPa instead of 5 MPa (but
without any influence on the test).

The cylinder was first loaded at 21 N at 290'C, then the load was kept constant during the wole
cooling phase. No failure event occurred during the cooling crossing the fracture toughness curve in
the transition region. Finally the reloading up to fracture was carried out at 37 'C with a loading rate of
2 MN/min. The failure of the cylinder was obtained during the final tensile re-loading of the cylinder,
with a very significant igh level of loading 5.3 MN)(Figure 4).

The destructive examination of the cylinder after the test was made by JRC Petten, MPA Stuttgart and
CEA including particularly the refined examination of the fracture surfaces. These examinations
show a brittle failure of the cylinder at the end of the test, as expected (Figure 4)[3].

5
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1 am PA
University of Stuttgart

FilZure 4Brittle failure of the cylinder during final reloading

4 - Analyses of the experiment

The interpretation of the WPS experiment on the cracked cylinder is in progress by several partners of
the poject, involving a large panel of analyses.

• Engineering methods and models account for VVPS, such as Chell, Chell & Haigh, Wallin ...
• Global approaches based on the evaluation of the stress intensity factor (elastic Ki or elastic-

plastic Kj) and the comparison wth the Kic fracture toughness of the material
• Local approach of cleavage fracture based on Beremin model
• Energy approach

As te interpretation is still in progress, only the results obtained by EDF will be described in this
paper. However, notice that other results are already available from CEA and Framatome ANP, very
similar to EDF analyses presented in this paper.

The EDF interpretation of the experiment is conducted by 2D axi-symmetrical analyses (due to
symmetry reasons) using Code-Aster finite element code developed by EDF, including non linear
thermal analyses, elastic and elastic-plastic computations.

6
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- Interpretation by global approach

5.1 Thermal analysis

The first step of the analysis is the evaluation of the temperature field inside the specimen during the
experiment and its comparison with experimental data coming from thermocouples located at various
locations in te cylinder 3].
The comparison between numerical results and experimental values is shown in Figure 5. As shown, a
good agreement is obtained, particularly in the section near to the crack tip (a -. 15 mm).

TEM-��
FC-.k Up T�O..

F dpth T�5..

TEW 'O..

�P

15

.10

.. ........ ..... .. .....

0
W 1W 1W M 2W

Ti- i. .

Figure Experimental and simulated temperature versus time

5.2 Evaluation of the stress intensityfactor and comparison to the material Klcfracture toughness

The interpretation of the test is based on the computation of the elastic-plastic stress intensity factor Kj
and its comparison with the material KI, fracture toughness (using Master curve methodology). The
crack depth takes into account in these analyses is a 15 mm.

However, in order to validate the analyses (mesh and numerical simulations), an elastic analysis has
first been conducted. Two different ways have been used for the evaluation of the elastic stress
intensity factor K:

- by the 'displacements' method

- using the energy release rate G K = EVAT)I _ 2

The values of K, , very close, validate thus the model and the simulation.

Afterwards, the elastic-plastic analysis has been conducted using an isotropic hardening (large strain
and large displacements). The elastic-plastic stress intensity factor Kj , deduced from the computation
of the G energy release rate, is compared to the material fracture toughness Kc on Figure 6 without
any consideration of size effect (between 1T-CT specimens used fro K]c measurements and the crack
cylinder). Regarding the Kc fracture toughness, all experimental data are included, in addition to 
50 % and 95 Master curve failure probabilities (To: 140 Q.

Figure 6 shows clearly very significant margins between Kjc values and value of the SIF Kj at the
cylinder failure, with a igher resistance of the cylinder regarding the risk of brittle failure.

7
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Figure 6: Comparison between Kj and Kjr (without any size correction)

The evolution, during the experiment, of the elastic-plastic SIF Ki on the cylinder is clearly shown on
this figure 

- The level of pre-loading Kwps) during the cooling is close to 80 MPa.m 1/2

- The final failure of the cylinder (KFRAcT) is close to 87 MPa.in 2 /2

- At room temperature KI, (IT-CT) < 52 MPa.m 1
- At the cylinder failure KFRACT > K1, (I T-CT)
- At the cylinder failure KFRACT> Kwps

By comparing the respective behaviour of I T-CT specimens and cracked cylinder, the beneficial effect
of warm pre-stress is clearly underlined, by inducing a significant increase of the resistance of the
cylinder regarding brittle failure initiation.

5.3 Influence of size effect

The same analysis is conducted, including now a size effect correction between the IT-CT specimens
and the cracked cylinder (crack front length limited to 100 im for the cylinder). Several size
corrections have been applied (Beremin correction, Wallin correction including a threshold Kw,, ... ).
Only results obtained using Beremin size effect correction Kic 4 . = st) will be presented, but same
tendencies are noticed with other size corrections. The IT-CT K, values are kept similar, only the SIF
Kj of the cylinder is size corrected, in orderto be compared to the behaviour of the IT-CT specimens.

The results are presented on Figure 7 with the comparison between Kj and Kjc . Of course, due to size
effect between the cylinder and the I T-CT specimens, significant higher margins are obtained between
Kjc values and value of the SIF Kj at the cylinder failure, with a higher resistance of the cylinder
regarding the risk of brittle failure.

8
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Figure 7 Comparison between KI, and Kj (with size correction, Klc4B=Cst)

The evolution, during the experiment, of the elastic-plastic SIF Kj on the cylinder is again shown on
this figure 

- The level of pre-loading Kwps) during the cooling is close to I 0 W a.m 12

- The final failure of the cylinder (KFRAcT) is close to 123 MPa.m 2
- At room temperature KI, (I T-CT < 52 MPa.m 1/2

- At the cylinder failure KFRACT >-- KI. (I T-CT)
At the cylinder failure K Ac- > Kwps

By comparing the respective behaviour of I T-CT specimens and cracked cylinder, the beneficial effect
of warm pre-stress is clearly underlined, by inducing a significant increase of the resistance of the
cylinder regarding brittle failure initiation.

5.4 Comparison between cylinder and WPS type experiments on CT specimens

The MPA Stuttgart has also conducted some WPS type experiments on CT specimens on the same
material WPS3 17 MoV 4 mod. steel). IT, 2T and 4T-CT specimens have been tested, with several
load paths K - T (CF, LUCF and 'Real'), in conditions similar to the one applied on the cracked
cylinder, previously described in the paper, particularly with the same level of pre-loading Kwps .
Values of the SIF at fracture of all CT specimens, KFRACT, are compared to the Kj of cylinder at failure
on Figure 8. It appears that the values of the SIF at final failure, KFRACT , are very closed between the
cracked cylinder and the WPS type CT specimens.

9
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Figure 8 Comparison of MTS effect between the cracked cylinder ad the MTS type CT
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6 - Complementary analyses

6.1 Global approach

Engineering methods and models account for WPS (Chell, Chell & Haigh, Wallin) will be also used in
the analysis of the experiment. Unfortunately, the corresponding results are not yet available.

6.2 Local approach to cleavagefracture (modifled'Beremin model)

The 'local approach to fracture' is now well known, particularly the Berernin model for cleavage
fracture 4]. To account notably unloading effects, this model has been modified ('modified Beremin
model') [5] and implemented in Code-Aster finite element tool.
Starting from the original Beremin model, th6 ,failure probability expression is derived, considering
both temperature dependence of the cleavage stress ,, as well as unloading effects (integration on
activeplasticzone).Thecumulativefailureprobabilityatanygiventimet,isgivenby:

,AU) I'ndV)
- max ( 111 -j

P VfjU<tP(U)>O a(O(u)) VO
r

where

10
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p(u = Cumulated plastic deformation
V = (50 [EM),

i = Weibull modulus

cr. Cleavage stress, temperature dependent

The model's parameters, m and Y are identified from the CT fracture toughness specimens. The
Weibull modulus, m, as well as the cleavage stress, have been fitted on these data through a
maximum likelihood method. The corresponding results are reported in table .

TOC 22 130 150 200 L 300
-(y,, Mpa 3204 3727 4026 5600 5600

in 22.7

Table I Identification of Beremin parameters, in and au , on WPS3 steel

This model ('modified' Beremin model) has been applied to the interpretation of the experiment, with
the evaluation of the cleavage failure probability of the cylinder during the transient. Main results are
summarized on Figure 9 showing the cumulative failure probability of the cylinder for 5%, 50% and
95% failure probability. This analysis is in agreement with the experimental result.
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Figure 9 Application of 'modified' Beremin model (without any size correction)
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6.3 Energy approach

The Francfort and Marigo theory, 6 generalises the Griffith theory and can predict initiation and
sudden propagation of cracks, using a minimization pnciple. This theory has been extended to
plasticity 7 The Al propagation minimizes the total energy of the structure including the energy
dissipated during the propagation. An energy release rate called Gp can then be defined for a crack or a
notch, and the minimization of the energy is equivalent to the maximization of the function Gp(Al).
The approach has been applied to the analysis of the shallow crack and the warm pre-stress effects [8].

The Gp parameter is calculated as the maximum (with respect to Al, length of the notch propagation)
of the integral over the area Ze (corresponding to the notch propagation) of the elastic energy, divided
by Al, according to the formula 

Gp(AI) =.max[( (w,.dS) /l]

where w, is the elastic energy. In order to compare the results obtained with the experimental ones and
with those obtained with the Beremin model, we define a facture probability, similarly to the fracture
probability of the Berernin model, as function of Gp and Gp, (critical value of Gp) as follow:

Pr = I - exp [- a G, / G, )mI2 ]

where "a" and "m" are material constant identified using the experimental results.

The comparison between the results obtained with the energy approach and the experimental results is
presented on Figure 10. Different hypotheses related to the material hardening have been considered 
isotropic hardening (linear or bounded) and kinematics hardening. We can see that the influence of this
hardening is not negligible. In order to make later comparisons between the energy and the Beremin
approaches, the value of To = 113'C (used to identify the Beremin parameters) is considered. The
warm pre-stress effect is clearly obtained in all cases and the best result is obtained if the kinematics
hardening is considered. At 95% of fracture probability, K 75 MPa.m"2 is obtained, instead of K =
89 MPa.MI12 (experimental result) which is a conservative result, the conservatism being reasonable.
So te conclusion is that the energy approach gives satisfactory results and that it would be important
to be able to identify the isotropic and kinematics parts of the material hardening.

-isotropic linear (TO=113-C)
-isotropicbounded (TO=113'C)

0,9 - kinematic (TO=113'C)

exp. toug ness (critical instant
0,8 p. toughness (mono onic ading)

0,7

0,6

0,5
0
L- 0,4

0,3 -L

0,2

O'l

0
0 5 10 15 20 25 30 35 40 45 50 55 60 65 70 75 80 85 90 95 100

Kj (Wa.ml/2)

Fipure 10: Failure probability as function of Kj, compared with experimental results
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7 - Conclusion

A European project, SMILE, is in progress concerning the application of warm pre-stress in RPV
assessment. Within the framework of this project, a PTS type transient - with a complex loading
including WPS - has been conducted with full success at MPA Stuttgart on a cracked cylinder. As
expected, no failure event occurred during the cooling. The failure of the cylinder, by cleavage, was
finally obtained during the final tensile re-loading of the cylinder, with a high level of loading.

The interpretation of the experiment is in progress by several partners of the project. Nevertheless,
some results are already available. Based on finite element elastic-plastic computations, several
approaches have been used including the evaluation of the stress intensity factor Kj and its comparison
to the material fracture toughness K]c, the use of local approach to cleavage fracture ('modified
Beremin model), and the application of the 'Energy approach'.

These analyses are in good agreement with the experimental failure of the cylinder, showing very
if' ins due to WPS effect, wit a higher resistance of the cylinder regarding the risk of

brittle failure.

The beneficial effect of warm pre-stress is clearly underlined through this test on component, thus
confirming previous experimental results on CT specimens on te same material with various
experimental conditions.

A final synthesis of the analyses will be prepared in the following months wen all results will be
also the application of engineering methods.
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In the current German design codes, mainly stress based concepts are used in the

safety analysis of technical components. However, no reliable limit loads or safety

margins can be defined with these concepts. Validated concepts on the basis of a

tolerable limit strain are presently not available.

In the context of the EU program LISSAC specimens with different geometry as well

as geometrically similar specimens with a size ratio up to 1:50 are examined.

On the basis of finite element simulations it is shown that damage models are able to

predict the experimentally observed geometry and size effects on the failure strains.

Keywords: Damage mechanics, Rousselier, failure, size effect, geometry effect

1. Introduction

In the current German design codes stress based concepts are used in the safety

analysis of technical components, e. g. 1]. These concepts allow plastic deformation

only up to a limited amount. In nonstandard loading cases, such as malfunctioning

and accidents, deformation reserves of ductile metallic materials are not or only in-

sufficiently used as higher plastic deformation could be tolerated. Tolerating higher

plastic deformations, limit loads can be determined in an easier way and safety mar-

gins can be quantified more clearly. However, a confirmed definition of a tolerable

limit strain is presently not available. There are great uncertainties, as failure strains
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[2] and therefore the limit strains not only depend on the material, but also on the

stress state and the absolute size of the specimen or component.

In order to reduce these uncertainties and to find a loadable definition of allowed limit

strains, LISSAC (Limit Strain for Severe Accident Conditions) 3], funded by the EC,

was created.

Wthin the scope of LISSAC, specimens of different geometries and sizes were

tested. The specimens were made of 22NiMoCr3-7 4]. The following types of speci-

mens were chosen: flat tensile specimens (with hole, slot and notch), notched three

point bend specimens, round notched tensile bars, flat biaxially loaded specimens

with (and without) hole as well as a scaled model of a pressure vessel head. Speci-

mens with geometric similar dimensions and a proportion of up to 1:50 were tested in

order to examine the size effect.

The aim of the above-mentioned tests is to develop a concept which allows to define

reliable failure strains in dependence of the stress state and the absolute specimen

size. With such a concept safely tolerable limit strains can be defined.

Using the classic methods of strength of materials and fracture mechanics it is cur-

rently not or only to a small extend possible to predict failure (crack initiation, growth

and instability) dependent on geometry and size. Alternative calculation methods are

the so called damage models. Numerous examinations [5, 6 have shown that plastic

deformation, crack initiation as well as subsequent crack growth can be calculated.

The following examinations should show to what extend the frequently used damage

model of Rousselier is able to predict failure strains experimentally determined. Par-

ticularly it should be determined if the size effect experimentally observed can be

numerically simulated.

2. Material Characterisation

Experimental examinations were performed using a 22NiMoCr3-7 pressure vessel

steel. In order to prevent misinterpretations of the size and geometry effects on fail-

ure strain, other influencing factors like material inhomogeneities must be excluded.

To guarantee high material homogeneity and thus to exclude scatterings and effects

caused by a material gradient, all specimens were removed from the same ring seg-

ment of a pressure vessel. Extensive tests on material characterisation (tensile tests

and chemical uniformity 7 were performed to control homogeneity within the seg-
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ment. On the basis of these examinations the specimens were removed from the t/4

position for the actual test program to avoid the depending of the results on the loca-

tion.

3. Experimental Testing Matrix

A number of specimen geometries were defined to examine the size effect on failure

strains. These specimen geometries allow the examination of the size effect in de-

pendence of the stress state. The different geometries and boundary conditions are

shown in Figure .

flat specimens flat specimens flat specimens flat specimens model of a vessel head
with hole with enlarged hole with slot with notches

model of a vessel head
with holes

bending specimens
with notch

round notched flat biaxial loaded specimens
tensile bar with and without hole

bending specimens
with slot

Figure 1: Specimen geometries 3]

Several specimens of different sizes were tested of each specimen geometry in de-

pendence of the temperature and the strain rate. For example, the flat tensile speci-

mens with hole cover a thickness range from 4 mm to 200 mm. The results pre-

sented in this paper are restricted to room temperature and quasi static test condi-

tions.
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4. Damage Model of Rousselier

Rousselier [8] defined a continuum mechanic material model for describing a material

containing voids. He derived the model with the help of thermodynamic laws and the

assumption of mass constancy. The Rousselier model was used for the presented

calculations in the following form:

(FM

(D = Tv + crk -2 f -e (1-f )cyk - = 
f y

(1) flow function GV deviatoric stress

Cyk material constant (YY current flow stress

GM hydrostatic stress f void volume fraction

With the help of this flow function the plastic deformation as well as current void vol-

ume can be calculated. The original Rousselier model was modified in such a way

that material stiffness is reduced to 0, thus simulating crack growth [5] as soon as the

calculated void volume reaches locally a critical value fc. In order to calculate speci-

mens and components the flow function was implemented in a finite element code.

For metallic materials it is known from metallographic examinations that the micro-

scopic processes leading to fracture can be divided into three successive phases:

• Formation of voids at second phase particles or other microstructure in homo-

geneities.

• Growth of voids with increasing plastic deformations.

• Coalescence of voids leading to microscopic failure.

As a result of these processes a growing crack jumps usually from void to void. If this

metallographic distance is considered in the finite element simulation, the size effect

can be simulated [5]. The so called "gradient models" make it possible to consider

the void distance as an internal length in material models 9 10]. However, imple-

menting such models in commercial finite element codes is very complex and time-

consuming. Another common method is to correlate the void distance directly with

the distance of the nodes in the finite element simulation. The crack jumps from node

to node or from integration point to integration point respectively analogous to the

metallographic observations. Therefore, the size of the Finite Elements have to be
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connected with the distance of the voids which lead to failure. Size dependence can

be described by this fixed absolute element length.

For using the damage models, material depending parameters have to be deter-

mined:

• Flow law in the form of a real stress strain curve.

• Initial void volume fo.

• Rousselier stress Uk.

• Element size.

In the following you will find some more information on the determination of the real

stress strain curve:

Tensile tests [11] were carried out to determine the stress strain curve. The real

stresses and strains can be calculated easily up to the point of maximum load from

the experimental values, Figure 2 and 3.

700- 900:

800- -co 600- -
- 000 0 700

500 0
C 600-

L

U) 400 500
CD A

300- - 400-- - - - - - -- -

300--
: - experiment200 - experiment A

A 200-- ---- Ig elongationA FE g elongation
100-- 0 FE linear elongation - - ----------- lineare elongation

- 0 FE fitted flow curve 100 - - ------- fitted flow curve

0 0 .... ..

0.�'O ''O'.66 ''0.'i'2 0.18 0.24 0.30 0.60' ''.'10 '.20 0.30 0.40 0.50
technical strain 4- true plastic strain 4-

Figure 2 Experimental and calculated Figure 3 True stress strain curve with
technical flow curve extrapolation

After reaching the maximum load, it is not possible anymore to convert directly from

the technical to the true curve, due to the multiaxial stress state resulting from neck-

ing. As size and form of the necking part are not recorded during the test, approxima-

tions such as the Bridgman correction 12] cannot be applied. In a first attempt, the

flow curve was extended both linearly and logarithmically, Figure 3 A finite element
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simulation of the tensile test did not lead to satisfactory results in case of both flow

curve extensions, Figure 2 An automated numerical adaptation 13], which lies be-

tween the linear and logarithmical extrapolation, results in a good correlation be-

tween calculation and experiment, Figure 2.

5. Calculations with the Rousselier Damage Model

Size variation, geometry variation and variation of stress multiaxiality were carried out

in order to find out whether and to which extent it is possible to simulate the

speicmen behaviour experimentally observed with the Rousselier Model. The same

stress strain law as well as the same damage parameters were used for all finite

element simulations.

5.1 Size Variation

The investigations on size dependence of the failure strains were carried out with flat

specimens with hole. The geometries of the differently sized specimens are shown in

Figure 4 For the calculations, 1/8 of the specimens were idealized with 20 node iso-

parametric elements, utilising the symmetry.

T W D Lo

4 mm 10 mm 2 mm 24 mm

20 mm 50 mm 10 mm 120 mm

40 mm 100 mm 20 mm 240 mm

thickness T

Figure 4 Flat specimens with hole

To be able to compare the specimens among each other, the load was normalised

with the particular net cross section. The deformations were converted into strains

with the particular measuring length. Figures to 7 show the normalised stress in

dependence of the normalised hole opening. Comparing the numerical results with

the experimental values, it can be seen that the Rousselier Model well-describes the

deformation behaviour of the differently sized specimens. The model predicts maxi-

mum load as well as load dropping at test end due to crack initiation and crack
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growth. Comparing the numerical results of the differently sized specimens, Figure ,

a size effect can be identified.

700. 700- 1 1 1 ..... ......... ..
600-'- - 600-

f 5007 500-
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200- - experiment BAIA 200-- experiment ARIU)

------------ experiment BAl C : experiment AKI
_T __T

100-' 10041

1 0 simulation 0 simulation
0 0o 1 0 20 30 40 50 60 70 80 90 100 0 I0 20 30 40 60 70 80 90 100

normallsed hole opening normalised hole opening I 
Figure 5: Normalised hole opening - ex- Figure 6 Normalised hole opening - ex-
perimentally 3] and numerically, flat perimentally 31 and numerically, flat
specimens with hole, dia. of 2 mm specimens with hole, dia. of 1 mm

700- 1 1 1 700.
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1004 100-1- __T -
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0-- 0 . .. .... I J
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Figure 7 Normalised hole opening - ex- Figure 8: Normalised hole opening - ex-
perimentally [3]and numerically, flat speci- perimentally 3] and numericallyflat
mens with hole, dia. of 20 mm specimens with hole, dia. of 2 10, 20 mm

5.2 Geometry Variation

To find out geometry dependence of the failure strains, the following geometries were

investigated:

- Flat specimen with hole (see "size variation").

- Flat specimen with enlarged hole.

- Flat specimen with notches.

- Model of a vessel head under internal pressure.

The detailed dimensions can be taken from Figure 9.
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L
-- -Lo Lo

TR=DI2
W�DW

thickness T thickness T

specimen T W D Lo R

flat specimen with hole 20 mm 50 mm 10 mm 120 mm

flat specimen with enlarged hole 20 mm 50 mm 18 mm 120 mm

flat specimen with notches 20 mm 50 mm 10 mm 120 mm

vessel head under internal pressure 5 mm 55.6 mm

Figure 9 Specimens geometries

As mentioned, the behaviour of the flat specimen with a hole can be described well,

Figure 6 Moreover, deformation and failure behaviour of a specimen with the same

outer dimensions, but with a larger hole, can be well simulated with the Rousselier

damage model, Figure 0. In the case of the specimen with notches, the experimen-

tal load behind maximum load is slightly overestimated. The failure strain, however,

can be predicted quite well, Figure 1 1.

700------T- 700- 7___T I
_7

600' - 600'

Ou 00. a. 500

-400 I L -1 - - - - 400 L -1 L J !L -1 L -1

300-'- - 300. -1- -1 - t -

200 - - 200 experiment DDI
experiment CS1 experiment BC2

100 1 00
9 simulation e simulation

0 1 . . . . . . . O . .0 10 20 30 '40 50 60 0 10 2'6 '' k '5-6 60 70 80 90 100
normalised hole opening I % normalised notch opening I 

Figure 10: Normalised hole opening - Figure II: Normalised notch opening -
experimentally 31 and numerically, flat experimentally 3 and numerically, flat
specimens with increased hole, dia = 18 specimens with notches, radius = mm
mm
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The model of a pressure vessel head shows a totally different geometry compared to

the tensile specimens; due to pressure loading also the stress state is different. Be-

cause of missing holes and notches in the critical part no pronounced stress concen-

trations can be observed. The internal pressure produces three axial stress field in

the head wall. During testing, the pressure and the displacement of the head center

was measured. When comparing experiment and simulation data, the prediction is

good in spite of the complex load situation, Figure 12.

5.3 Variation of the Stress Triaxiality

The stress triaxiality in the hole or the notch ground of the examined specimens is

relatively low and within a relatively small range (1. < o-, /07" < 25). In order to

achieve a wider variation, notched round tensile specimens with low (LISSAC ge-

ometry, Figure 13) and high multi-axiality (ESIS geometry, Figure 13) were calculated

with the damage model. When comparing the numerically determined results with the

experimentally behaviour, it can be seen that it is possible to predict the deformation

very accurately as well as the global failure strain of both geometries, Figures 14 and

15. The mayor difference between the two specimens is the point of crack initiation.

While the LISSAC flat specimens and the LISSAC round notched tensile bars initiate

within or close to the notch surface, the crack at the ESIS specimens starts in the

specimens center. This numerical findings correspond to the experimental results.

140- 1 1 1 1 1
120 - -

- - - - - - - - - - 6
a-1 00-, 1 mm

80- L -. 1 -9-1

60-
LO 40 -- - - - - - - - - - - - - - - -
CL - experiment 20 mm 16 mm

20-1 0 simulation
Oj 1
0 8 12 16 20 24

displacement mm LISSAC geometry ESIS geometry

Figure 12: Experimental 14] and numerical Figure 13: Geometries of the round
load displacement behaviour notched tensile specimens, radius = 2

mm
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1100
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800-: 900

cL 700' - IL
4 M 700600: 7
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400. r r 00 .... .....
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300- experiment DP - 300 experiment MBC6
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Figure 14: Experimentally and numeri- Figure 15: Experimentally and numeri-
cally specimen elongation (normalised), cally specimen elongation (normalised),
notched round tensile specimen LISSAC notched round tensile specimen ESIS
geometry geometry

6 Calculation of Failure Strains

The main goal in LISSAC research project was to determine limit strains based on

failure strains. The failure strains used within LISSAC were defined as follows:

• Failure strain is defined as maximum equivalent plastic strain at crack initia-

tion.

• Failure strain is a local parameter.

• Failure strain is the maximum equivalent plastic strain at the surface of the

hole or the notch, known that at some of the specimens, the crack initiation is

slightly beneath the surface. This assumption is a substantially simplification

as in case of common finite element simulations it is not possible to determine

the place of initiation.

According to this definition, the failure strains for the experiments were determined

as follows:

The experimental point of initiation was determined by means of the so called

"Vanishing Gap" Method 3]. Parallel to the experiment, each specimen was simu-

lated with a Finite Element calculation, i. e a calculation without taking crack

growth into account. When the calculated overall deformation reaches the experi-

mental initiation point the equivalent plastic strain in the hole, respectively the

notch ground, was defined as failure strain.
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According to this definition, the fracture strains calculated with the Rousselier

model were determined as follows:

By means of the Rousselier damage model, the point of failure can be determined

without information from the particular experiment, i. e. absolutely numerically. The

equivalent plastic strain in the hole respectively in the notch ground at the point of

numerical initiation is defined as failure strain.

Figure 16 shows the failure strains of LISSAC experiments depending on hole re-

spectively notch radius (small, not filled in symbols). All experiments are situated in a

relatively narrow scatter band. The failure strains (big, filled in symbols) resulting

from the damage mechanical calculations are well-ranked within the experimental

scatter band. From this it can be concluded that the failure strains can be precalcu-

lated by means of the Rousslier damage model, independently of size and geometry.

When adding the failure strain of the ESIS specimen (star symbol) into Figure 16 it

can be recognized that the limit strains 3 determined in LISSAC project can be

transferred only in a limited way to structures with higher stress triaxialities.

200

180 ----------- ------- ------------------- -------- -----------------

160 ------ -------------- ------------------- - - - - - - -U)
140 ----------- ------ ------ ------------ I-------- -----------------

120- - - - -------- --------------- -------- -----------------
0

100 ------------------- ------------------ ------- WE ----------------

C:) V

> 080 ------------ :-------- :------------------ -------- -----------------

4) 60 ------------------- ---------- 0 flat specimen with hole
1:1 flat specimen with enlarged hole

0 40 ------------ I------------------ A flat specimen with slot
v round notched tensile bar LISSAC

----------r-L 20 0 vessel head model01 round notched tensile bar ESIS

0.5 1.0 5.0 1

hole resp. notch radius mm

Figure 16: Calculated (big filled in symbols) and experimental (small not filled in

symbols) 3 local plastic equivalent failure strain depending on hole re-

spectively notch radius.
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7. Summary

The following conclusions can be drawn from the presented examinations:

• Deformation and failure behaviour of the different specimens experimentally

observed can be predicted quite well by the Rousselier damage model. The

damage model is able to predict the local formation and the growing of cracks.

For all the calculations the same material parameters (stress strain curve and

Rousselier parameters) were used.

• Rousselier Model is able to predict the location of crack initiation (in the hole

respectively the notch ground or close behind for LISSAC specimens; in the

center of the specimen for the ESIS specimen).

• Damage model does not predict any size effect in the deformation behaviour

up to maximum load. A size effect only appears at and after crack initiation.

These predictions correspond to the experimental observations.

• Rousselier Model well predicts the effect of geometry and load on the defor-

mation and failure behaviour. With the model it is possible to simulate the be-

haviour of a two dimensionally loaded pressure vessel head as well as of a flat

specimen with hole or notch.

• Failure strains calculated with the damage models are in good agreement with

the experimental ones. With the model it can be shown that slightly changes in

geometry can cause an increase of stress triaxiality and thus a severe de-

crease of the limit strains.

8. Future Works

On the basis of the experimental and numerical results a concept for the determina-

tion of reliable limit strains in dependence of the stress triaxiality will be deduced.

9. Literature

[1] Komponenten des Prim;�rkreises von Leichtwasserreaktoren, KTA 3201, 1996



- 21.13 -

[2] Arndt J., Experimentelle und rechnerische Untersuchungen zur Sch5digung von

Baust5hlen bei duktilem Versagen, Dissertation an der Fakult6t fOr Bergbau,

HOttenwesen und Geowissenschaften der Rheinisch-Westf6lischen Hochschule

in Aachen, 1996.

[3] Krieg R., M. Seidenfug et al., Limit Strains for Severe Accident Conditions, Final

Report of the EU-Project LISSAC, Contract No. FIKS-CT1999-00012, 2003.

[4] AbnahmeprUfzeugnis TOV Bayern, PrOf-Nr.: 141 5113/6, 1976.

[5] Seidenfug M., Untersuchungen zur Beschreibung des Versagensverhaltens mit

Hilfe von SchAdigungsmodellen am Beispiel des Werkstoffes 20 MnMoNi 5 5,

Dissertation an der Fakult5t Energietechnik der Universittit Stuttgart, 1992.

[6] Langenberg P., S. MOnstermann, W. Dahl, M. SeidenfuR, U. Eisele, Der Kurz-

risseffekt bei der Bestimmung bruchmechanischer Kennwerte und seine sicher-

heitstechnische Bedeutung, 29. MPA Seminar, Materialprcjfungsanstalt Univer-

sitat Stuttgart, 2003.

[7] Benhamou C. and S. Bhandari, Tensile Tests for Material Qualification, Frama-

tome ANP Paris France, Minutes of the 4 th LISSAC Project Meeting in Paris

France, 2001.

[8] Rousselier, G., Ductile Fracture Models and their Potential in Local Approach of

Fracture, Nuclear Engineering and Design 105, S. 97/111, 1987.

[9] Klingbeil D., F. Reusch, B. Svendsen, Fortschritte bei der Zuverl;�ssigkeit rech-

nerischer Methoden der Schtidigungsmechanik zur Auslegung sicherheitsrele-

vanter Bauteile, 29. MPA Seminar, MaterialprCifungsanstalt Universit5t Stuttgart,

2003.

[10] Aifantis, E. C., Gradient effects at macro, micro, and nano scales, J. Mech. Be-

havior of Materials, vol. 5, pp. 355-375, 1994.

[11] Kieselbach R. and H. Michel, Tensile Tests; Specimens mm for LISSAC, Test

Report Nr. 201951/01, EMPA Schweiz, 2001

[12] Bridgman, P.W., Studies in Large Plastic Flow and Fracture, McGraw-Hill, New

York, 1952.

[131 M. Seidenfug, H.-P. Seebich und E. Roos, Bestimmung der wahren FlieRkurve

aus Proben mit mehrachsigem Spannungszustand, Tagungsband Werkstoff-

prOfung 2003, Verlag Stahleisen GmbH DOsseldorf, ISBN 3514-00703-9, 2003.



- 21.14 -

[14] Talia H., Static tests with small spherical shells (models of the upper vessel

head) without and with holes, Limit Strains for Severe Accident Conditions

(LISSAC), CONTRACT No. FIKS-CT1999-00012, Yearly progress report

February 2001 - January 2002, Annex VTT Finland, SAM-LISSAC(02)-POO4,

edited by R.Krieg FZK-IRS Karlsruhe Germany 2002.







- 22.1 -
DE05F3828

PERIL - European Research Project on Characterization of Gaskets for Bolted
Flange Connections

*DE021057275-
H. Kockelmann

Materials Testing Institute University of Stuttgart
P. 0. Box 80 11 40 D70511 Stuttgart, Germany

Phone: ++711-685-2578
Fax: ++711-685-2635

e-mail: hans.kockelmann�mpa.uni-stuttgart.de

R. Hahn

Materials Testing Institute University of Stuttgart
P. 0. Box 80 11 40 D70511 Stuttgart, Germany

Phone: ++711-685-2594
Fax: ++711-685-2635

e-mail: rolf.hahn�mpa.uni-stuffgart.de

30th IVIPA-Seminar in conjunction with the 9th German-Japanese Seminar

Stuttgart, October 6 and 7 2004

ABSTRACT

Great progress was observed in the European standardization in the last years in the

field of the design of floating type bolted flange connections. New design rules were

developed (EN 1591) which include new definitions of gasket characteristics for the

calculation of floating type flanged joints. In addition a new gasket testing standard

was drafted (prEN 13555) which assures a comprehensive characterization of

gaskets for bolted flanged joints. This draft standard contains some new features

which were examined and validated within the European research project PERL

(Pressure Equipment - Reduction of Leak Rate).

The gasket testing strategy laid down in prEN 13555 is presented in this paper.

Some testing results highlighten the measuring procedures and the evaluation of the

gasket characteristics.
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1 INTRODUCTION

Within the design of bolted flange connections the gasket as an important part of the

joint has to be regarded by means of gasket characteristics which have to describe

realistically the behaviour of the gasket under the influence of all loadings and

boundary conditions. This includes the effects of the assembly gasket stress, internal

pressure, temperature, time, stiffness, flanges and bolt geometry, load changes

during service and so on. The gasket characteristics have to be determined experi-

mentally. Several testing procedures developed and standardized in the far past are

not adequate for this purpose, e.g. BS 7531 1992) [1] and DIN 52913 2002 21

(determination of the creep strength), DIN 3535 1986-1999) 3] (determination of the

leakage rate), ASTM F36 1987 4 (determination of the gasket compression set

and recovery), because only special conditions are regarded. First time with DIN

28090 1995) [5 a gasket testing standard was edited which defines a consistent set

of gasket characteristics for the design of bolted flange connections based on the

calculation procedure in DIN 2505, and which specifies the corresponding testing

procedures. Practical experience with this testing concept showed clearly some

shortcomings inherently in DIN 28090. This fact and the need for the harmonization

of gasket testing methods in Europe led to activities to improve the gasket testing

methods within an European research project BE 5191 6 Thereafter new design

rules for bolted flange connections were developed in Europe, EN 1591 2001 7,

which required a re-definition of the gasket characteristics. Therefore a new gasket

testing standard was created, prEN 13555 [8] (last version: Final Draft July 2004),

which is fully in accordance with EN 1591. Some new features in prEN 13555 were

checked within an European research project, PERL 9], and prEN 13555 had to be

improved and optimized. Further within PERL all gasket types in the European

gasket standards EN 1514 (PN designated gaskets) and EN 12560 (Class

designated gaskets) were tested in the full range; these test results were

implemented in a comprehensive gasket date base.

The new gasket characteristics definition and testing procedures are the subject of

this paper.
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2 DEFINITION OF GASKET CHARACTERISTICS

The following gasket characteristics are required for the design of bolted flange

connections according to EN 1591:

• QSMAX: the maximum stress that can be safely imposed upon gasket at ambient and

. service temperature without damage

• E: the modulus of elasticity representing the gaskets elastic recovery during

unloading (or load changes) at ambient and service temperature

E is defined by the parameters E and K: E = E0 Q-Kj (Q: gasket stress)

EO: the intercept of the line of regression of the secant unloading modulus versus

gasket stress with the modulus axis

KI: the slope of the line of regression of the secant unloading modulus versus

gasket stress

• gc: the creep factor of the gasket (in the Final Draft of prEN 13555 gc is replaced by

PQR, see chapt 43)

• QMIN(L): the minimum gasket assembly stress required at ambient temperature in

order to seat the gasket into the flange facing roughness and close the internal

leakage channels so that the required tightness class L is reached

*QSMIN(L): the minimum gasket surface pressure required under the service pressure

conditions, (i. e.) after off loading, so that the required tightness class L is

maintained

3 TESTING BOUNDARY CONDITIONS

The nominal dimensions of test samples are:

• inner and outer diameter 49 x 92 mm (DN40 PN40), nominal thickness 2 mm for

non-metallic flat gaskets

• DN40 PN40 for all other gasket types

Alternatively NIPS 4 test samples according to EN 12560 are used.

For pre-conditioning the test samples are held for 48 hours in air with a relative

humidity of (5 ± 6 at ambient temperature 23 ± 5 'C). The compression platens

of the load device have raised face dimensions according to EN 1092-1; for PN40
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DN40: 43.1 mm x 88 mm; alternatively raised face dimensions NPS 4 Class 300

according to EN 1759-1 are used. The surface finish of the test platens 3.2 [trn < Ra

< 63 ltm) is achieved by lathe turning with the following parameters: helical

pitch: 03 mm, tool radius: 0.8 mm, depth: 0015 mm. The R. values are checked

before each test.

4 TESTING PROCEDURES

4.1 Determination Of QSMAx at ambient and elevated temperature

The gasket is loaded and unloaded at a rate of 0.1 MPa / s for PTFE-based gaskets,

and 0.5 MPa / s for all other types.

Testing sequence:

0 initial gasket loading: corresponding to 20 MPa gasket stress

0 5 minutes dwell time

0 heating-up to the test temperature (heating rate 2 K min-) until the required

temperature level is reached; no heating for tests at ambient temperature

0 15 minutes dwell time (only for tests at elevated temperature)

0 subsequently loading-unloading cycles with increasing maximum gasket stress.

The unloading stress level corresponds to 13 of the corresponding maximum

stress level. At maximum and minimum stress there is a dwell time of minutes for

stabilisation.

The maximum stress levels are equally spaced by 1 0 or 20 MPa; therefore the

gasket stress sequence is as follows:

20 MPa 666 MPa - 30 MPa - 10 MPa - 40 MPa - 13.33 MPa - 50 MPa - 16.66 MPa

- 60 MPa - 20 MPa - 0 MPa - 26.66 MPa - 100 MPa - 33.33 MPa - 120 MPa etc.

The gasket stress sequence (cyclic loading-unloading) and the temperature as a

function of time are shown in Fi where the load steps 30 MPa and 50 MPa are not

shown.
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4.2 Determination of E = Eo Q-Ki) at ambient and elevated temperature

The gasket parameter E depends on the maximum previous stress, Q and is obtained

from the unloading curves (recovery) for each stress level of the test described in

chapt 41:

EQ = 2 Q 2
3 A&

The thickness EQ of the gasket at the stress is used in the formula above and s

represents the elastic recovery during unloading from gasket stress Q to 13 x Q. The

values of E and K, are obtained by linear regression, least squares analysis.

4.3 Determination of g. at ambient and elevated temperature

The test is conducted as a creep relaxation test in a test rig with a known stiffness. 500

kN/mm is typical for PN designated flanges and 1500 kN/mm for Class designated

flanges. The creep relaxation can be simulated by means of a compression press used

in displacement controlled mode; the stress is reduced according to the resulting creep

regarding the stiffness to be simulated.

Testing sequence:

* Loading of the gasket to the initial stress level Q, at ambient temperature

* 2 hours stabilisation at ambient temperature (5 min in Final Draft 2004)

* Unloading to 13 x Q, at ambient temperature (step deleted in Final Draft 2004)

* 5 minutes stabilisation to measure the gasket thickness to determine the modulus

of elasticity E (step deleted in Final Draft 2004)

* Loading of the gasket again to gasket stress Q, (step deleted in Final Draft 2004)

* Heating-up to the test temperature (heating rate 2 K min-) until the required

temperature level is reached; no heating for tests at ambient temperature

* Time of creep-relaxation: at least 2 hours 4 hours in Final Draft 2004)

* Determination of the final remaining gasket stress QR

The factor gc can be derived from the equation given below:

9 = RQR / QI X (3/2)AP-] / {[(3/2)Ac] + [Q - QR) AG C) (2)
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where:

Q, and QR are the initial and final surface pressures.

AE is the thickness loss when gasket is off loaded to one third of the initial

surface pressure before the relaxation effects take place.

C is stiffness of the assembly in which the relaxation took place.

AG is the area of the gasket at the start of the test procedure.

In the Final Draft 2004 gc is replaced by PQR = R I Q, which leads to a simplification

and more reliability of calculation method EN 1591 (corresponding modification requi-

red).

4.4 Determination Of QMIN(L) and CISMIN(L) at ambient temperature

The effective surface stress level Q is calculated according to the following formula:

Q = QA - P X (c/4) x Di') AG (3)

Di: inner diameter of the sample (sealing area AG)

QA: gasket stress corresponding to initial load without internal pressure

The gasket stress has to be raised at a rate of 0.1 MPa / s for PTFE based gaskets,

0.5 MPa / s for all other gasket types until the required gasket stress level is reached.

The test gas pressure (Helium) has to be raised at a controlled rate.

Testing sequence for the 40 bar leakage test (full test sequence):

The procedure consists of loading to 10 MPa, holding the load and measuring the

leakage rate after the leakage rate has stabilised. Thereafter the loading is raised to 20

MPa and held constant whilst the leakage rate is measured. Then the load is reduced

to 10 MPa and the leakage rate is measured again. Then measurements are done at

40 MPa, 20 MPa and 10 MPa and so on until the maximum loading is reached (see

Table and Fig. 2. At each loading and unloading step, the waiting time before

leakage rate measurement is 2 hours. 2 additional tests with reduced stress sequence

should be carried out for 1 0 and 80 or 160 bar, Table 2 and Fig. 3.
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5 EXEMPLARY TEST RESULTS

5-1 QSMAX of a Graphite based gasket at 400 C

In E[g 4 the test sequence of a smAx-test which was shown schematically in Fig. 

is represented for a Graphite based sheet gasket at 400 cC temperature. In addition

the gasket thickness change is shown as a function of time which follows closely the

cyclic gasket loading and unloading. At about 120 MPa gasket stress a remarkable

increase of the thickness change can be seen indicating a destruction of the gasket.

The same results are shown in Eb.,� as gasket stress versus gasket thickness.

Again at about 120 MPa gasket stress a sudden increase of thickness reduction

happens. This fact is highlighted by means of Ea& where the thickness change

during the load cycle at each stress level is plotted versus this gasket stress. The

stress level before failure is defined as QsmAx, here QsmAx -,.: 100 Wa.

6.2 E of a Graphite based gasket at 400 C

Eig,_Z shows the elastic recovery modulus E of the gasket - described in chapt 42 -

as a function of the gasket stress. By linear regression (least square analysis) the

formula for E is delineated:

E = E Q K, (4)

In the case of Fig. 7 the values of E and K, are 258 Wa and 18.7.

5.3 c of a Graphite and PTFE based aske

In the Figs. and 9 the results of gc-tests on a pure Graphite gasket at ambient

temperature, and on a PTFE based gasket at 150 C are shown. The creep of the

Graphite based gasket is rather low therefore the drop of gasket stress is approxima-

tely negligible. This results in a gc-value > 095 which yields generally in the

temperature range up to 400 C. In the case of the PTFE based gasket remarkable

creep can be seen. The gasket stress drops down from 80 Wa to approximately 0

Wa resulting in a rather low gc-value of 01.

The PQR-values according to the Final Draft 2004 are approximately 1.0 for the

Graphite based sheet gasket, and 06 for the PTFE based gasket.
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5.4 QMIN(L) and QSMIN(L) at ambient temperature

A typical result of the leakage test at ambient temperature is shown in Fig. 10 for a

Graphite based sheet gasket. The increase of the gasket stress - representing the

bolt tightening during assembly - results in a reduction of leak rate or increase of

tightening capability. Intermediate unloading - simulating the effects of internal

pressure and external forces and moments which reduce the bolt and gasket load -

leads to a little reduction of tightness; but compared to the virgin curve the tightening

capability is generally improved due to the higher pre-load. Where the loading and

unloading curves cross the decades of leak rate (defined as tightness classes) the

corresponding gasket characteristics QMIN(L) (loading) and QSMIN(L) (unloading) are

marked by squares in Fig. 1 f: QMIN(L); open: QSMIN(L)). These values are shown

graphically in Fig. 11 (QMIN(L)) and Table 3 QSMIN(L)). QMIN(L) depends on the internal

pressure (here only values for 40 bar are given) and on the tightness class, QMIN(L in

addition on the highest level of gasket stress before unloading (defined as Q in Table

3). Good reproducibility is observed in Fig. 1 1 and Table 3.

6 DETERMINATION OF THE SET OF GASKET PARAMETERS TO BE USED

FOR ENV 1591-2 UPDATE

One of the objectives of the PERL project was to provide reliable gasket parameters

values to be introduced into the ENV1591-2, in order to perform more accurate

calculations according to EN1591-1. For each gasket type, tests were performed on

gaskets from various origins (different manufacturers have provided the same type of

gasket for testing). The tests were repeated once in order to check the repeatability

of the results. It means that for each test temperature, two sets of tests (test and

test 2 were performed per manufacturer (see example given in Table 4 From these

two tests the mean value of each gasket parameter was obtained (for E & K: the

mean values of each elasticity modulus was used to determine E & K1). Thus, a set

of gasket parameters for each manufacturer was disposed. Then, calculations were

performed according to EN1591-1, Table 5, with the following calculation conditions:
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3 steps of calculation

Step I (Tightening): P 0 bar, T = 20'C, Fext = 0, Safety factor SF = ,05 (for gasket:

SF = 1). The safety factor is applied to the yield stress of the flange and bolt material.

Step 2 (Pressure test): P = . - Pw, T = 200C, Fext = 0, Safety factor SF = .05 (for

gasket: SF = )

Step 3 (Service): P = Pw, T = Tw, F = 40 kN, Safety factor SF = .5 (for gasket: SF

= )

where

- the working internal pressure Pw is varying from Pini t P, with a pitch of Pp

- the working temperature Tw is varying from Tini to Tfin with a pitch of Tp

For each set of gasket parameters, an allowable tightening range was obtained

which corresponds to both leak-tightness and strength criteria. Following the results

obtained, the most appropriate gasket parameters from a safety point of view were

determined, to be introduced in the ENV 1591-2.

7 OUTLOOK

Research in the field of bolted flange connections in Europe is continued: project

PERL and the generation of a comprehensive gasket data base was finalized by the

end of 2002. The gasket testing procedures according to prEN 13555 were optimized

and verified. All types of gaskets and gasket materials according to EN 1514 (PN

designated gaskets) and EN 12560 (Class designated gaskets) were tested (only

ring joint gaskets were not regarded):

• Non-metallic flat gaskets with or without inserts

• Spiral wound gaskets

• Non-metallic PTFE envelope gaskets

• Corrugated, flat or grooved metallic and filled metallic gaskets

• Kammprofile gaskets

• Covered metal jacketed gaskets
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Together with the new European calculation code EN 1591 this will be the basis for a

reliable and optimized design of bolted flange connections including strength and

tightness proof.

In addition a test rig for high temperature leakage tests was developed which allows

long term aging and thereafter load application in a press with the possibility of stress

variation in order to determine QMIN(L) and QSMIN(L) values at high temperature and

after long term aging.
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Loading (MPa) Unloading to (MPa)
10 -
20 10
40 20, 10
60 20, 10
80 40, 20, 10
100 40, 20,10
120 -
140 -
160 40, 20,10

Table 1: Leakage test at 40 bar (full stress level sequence, see Fig. 2)

Loading (MPa) Unloading to (MPa)
10 -
20 -
40 -
60 -
80 -

100 -
120 -
140
160 40, 20,10

Table 2 Leakage test at IO and 80 bar
(reduced stress level sequence, see Fig. 3)
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assembly
gasket tightness class L (mg I s.m))
stress

Q in MPa 0.1 0.01 0.001 0,0001 0,00001
40 < O+) < I +)) 10 < lo+)) - - -
60 < O+) < O+)) < lo+) 10)
80 < O+) < O+)) < lo+) < 10 +)

100 < O+) < O+)) < lo+) < 10 +)) 95 (80) - -
160 < I +) < O+) I < lo+) < lo+)) 1 0+ ( 01 43 26) 140 86)

+) 1 0 MPa: lowest gasket stress during test

Table 3 Gasket characteristic SMIN for a Graphite based sheet gasket
(values in brackets: repeated test)

Manufacturer 1 2 .... i

Test No 1 2 1 2 1 2 1 2

EGIEG2, EG3,EG4

QSMAX

9C

QMIN(L)

QSMIN(L) N PI

Mean values

Mean (EG1)

Mean (EG2)

Mean (EG3)

Mean (EG4)

= E & Ki

Mean (QsmAx)

Mean (gc)

Mean PM)

Mean PSMIN)

Table 4 Gasket parameter values obtained per temperature
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Gasket parameters
3asket parametersSet :)asket parameters

Set 2 Set 3 3asket parameters
Set 4

IF
Calculations according to EN1591-1
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Abstract

The keen competition among airlines challenges the aircraft industry to continuously increase
the economic efficiency of modern aircraft, in particular in terms of payload, range and long
services intervals. This leads to aircraft with severely loaded structures requiring aluminium
alloys with excellent damage tolerance properties. The lack of knowledge about the
microstructural features controlling the crack growth behaviour and limited experience
regarding the long term properties of recently developed aluminium alloys were the key
drivers for starting the EU-project "Investigation on Damage Tolerance Behaviour of
Aluminium Alloys (IDA)", which aims at the identification of the complex microstructure -
crack growth relationship.

Subject of the investigation are the alloy system AA2x24 (sheet and plate), AA6056 (sheet)
and AA7449 (plate) and the alloy AA6056, examined also in the laser beam welded
condition. Moreover, advanced simulation models for predicting fatigue crack growth based
on microstructural features shall be developed.

Introduction

Modern aircraft are optimised for high efficiency in terms of payload, range and long

service lives. These requirements result in severely loaded structures which in turn

require aluminium alloys with excellent damage tolerance properties. Like most

manmade structures, airframe structures are not free of defects. Defects like flaws

may be introduced during the manufacturing process or develop during service.

Consequently, airfrarnes are designed according to the Fail Safe Concept which

allows for certain defect sizes. This concept requires the monitoring of the structure

with sophisticated and expensive non-destructive testing methods at determined

inspection intervals to ensure that defects do not exceed a critical size, i.e. the stable

crack growth regime. This system has been developed in the past and is in good
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agreement with theories which have been generated and verified based on the long

term experience with the standard Aluminium alloy AA2024 1].

The basic aircraft is made out of Aluminium alloys with stainless steel and titanium

alloys in specific areas [fig. 1. In order to enable long inspection intervals while

Fig. 1: Materials used in an aircraft

maintaining maximum safety, damage tolerant Aluminium alloys which exhibit low

crack propagation rates are needed. Hence, alloys with improved damage tolerance

properties have been developed in recent years, some of which display excellent

weldability properties allowing for new joining technologies like laser beam welding.

In comparison to the well-known Aluminium alloy AA2024, the knowledge regarding

the microstructure - crack growth relationship for the new alloys is rather limited.

With the intention to narrow (or even close) the gap in knowledge, a research project

was initiated and a proposal was submitted to the European Commission within the

5th Framework Programme. The project titled "Investigation on Damage Tolerance of

Aluminiurn Alloys (IDA)", approved in 2001, started in January 2002. The overall

objective is the establishment of a comprehensive understanding of the fatigue crack

propagation mechanisms for the recently developed Alurninium alloys [1 ].

The IDA-project focusses on the recently developed materials AA2024 High Purity

(HP), as sheet and as plate (IS262) product, on AA6056 (sheet) and AA7449 (plate).
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They display a range of microstructures (under-aged, over-aged, coarse grained, fine

grained, different hardening systems - ACuMg, AlZnMgCu, AMgSi). In addition,

laser beam welded butt joints of the base material AA6056 are investigated in order

to examine the influence of the resulting microstructural changes on the fatigue crack

growth behaviour. The tests to be performed will yield new data since little or no data

are published in the literature on these advanced alloys. The conventional alloy

AA2024, used for decades within the aircraft industry, will serve as reference. Further

to a thorough characterisation of the new alloy systems aiming at the identification of

the relevant crack growth mechanisms, advanced numerical models based on micro-

structural features shall be developed and validated in order to simulate and predict

fatigue crack growth behaviour of the Aluminiurn alloys 1

Material Characterisation

Specific mechanical tests such as tensile, cyclic stress-strain and fracture toughness

tests were carried out in order to characterise the selected alloys and laser beam

welded specimens. Figures 2 to 4 show typical data.

650
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450

400

350

3o6;

2024 T3 2024 T3 2024HP T3 S262 T3 6056 T6 6056 T78 7449 T79
sheet plate sheet plate sheet sheet plate

Id

Fig. 2 Tensile properties

The complementary microstructural investigation (fig. and 6 includes a quantitative

analysis of grain structure, constituents, dispersoids and texture in order to establish

a comprehensive database for identification of relationships between microstructure

and fatigue crack growth behaviour 2].
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Fatigue Crack Propagation Behaviour

Regarding the fatigue crack propagation (FCP) behaviour, detailed information on

these new materials (AA6056, AA2024 HP, AA7449) are very limited. Hence,

extensive testing of fatigue crack growth under well defined conditions (R-ratio,

overloads, frequency) was performed, based on agreed procedures (specified

geometries, relevant spectra, etc.). Fig. 7 shows typical fatigue crack propagation

curves under constant amplitude loading.

Additional investigations will be performed on crack surface morphology, plastic zone

geometry and crack closure effects, according to the different test parameters.

With this comprehensive investigation, it is intended to identify the relevant

microstructural features which are responsible for the specific crack growth

mechanisms of the different materials under various loading conditions.
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Fig 7 Fatigue Crack Propagation Curves under constant amplitude load, R 0,1

Modelling of Fatigue Crack Propagation Behaviour

An extensive literature review regarding the modelling of fatigue crack propagation

(FCP) revealed numerous influencing aspects, going from the crack tip stress field 

dislocation interaction to the macroscopic effect of overload on the fatigue crack

growth rate or the effect of second order stress terms on the ductile tearing. The

available fatigue crack growth models use constitutive parameters and constant

amplitude fatigue crack growth data to model variable amplitude behaviour. The

concept of closure appears to be the key to the understanding and modelling of the

FCP. Residual stresses at the crack tip play a significant or dominant role in the

behaviour after an overload. Modelling of the fatigue crack growth rate (FCGR) using

the microstructural parameters, however, has not been done yet in a satisfactory

way. Progress in this field is one priority of the IDA project. Presumably, relating

quantitatively closure to microstructural parameters is a way to model crack growth

using microstructural variables 3].

Within the IDA-consortium several approaches to predict crack growth based on

material parameters (mechanical properties, microstructural features) are pursued of

which three shall be addressed here.
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The first approach aims at the prediction of the fatigue crack propagation rate in the

medium AK range taking into account the mechanical properties and the plastic zone

size (including the influence of the microstructure). The model is based on the

assumption that the material elements in the overload plastic zone are subjected to

low cycle fatigue conditions 4 A schematic presentation of the proposed strip

plastic zone model is given in Fig. 8. The length of the overload plastic zone is

denoted by coo, while ao is the crack length at the application of the overload. The

current crack length is a. Distinguished from coo is the plastic zone size Co. created

by a fatigue load cycle following an overload; it is very small compared to such

that w. can be taken approximately to be the size of a material element. Each

element is subjected to a constant average strain amplitude A--PM that approximates

the strain amplitude distribution A(x) in co, Failure is assumed after a certain

number of cycles AN. Crack growth in coo occurs incrementally with each increment

corresponding to co, A linear decay of the cyclic yield stress * from the crack tip toSY

a value SY0 at the terminal point of the overload plastic zone is assumed.

gy

So

a. co�

a

Figure 8: Schematic representation of the proposed model

For the assesment of the crack growth behavior after an overload a retardation factor

A is defined as

(da / dN),,t

(da / dN),,,m
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where (daldN),,, is the crack propagation rate following the overload while

(dal"Lom corresponds to the rate without the overload. The use of the current

model shows that the retardation factor can be expressed as

SY0 (2)

SY

where SY0 and Sy are the cyclic yield stress without and with overload plasticity,

respectively. Sy decreases with the propagation of the crack through the overload

plastic zone up to the value A =I. A linear variation from S* at the crack front to Y Y

at the region where the plastic zone created by an overload meets the virgin material

is assumed as shown in Fig. 8. The linear approximation of Sy inside the plastic

zone is given by:

* a+(COS 12)-ao - SYO)Sy = Y CO 0 (SY* (3)

where

Sy*=X 81 (4)

Eqs. (1) 2 and 3) can be used for the calculation of fatigue crack growth under

service spectra. The calculation of the actual crack length after application of i fatigue

blocks of variable stress amplitudes is based on the relation:

k 'da
a =aj jAj (5)

i=1 �dN nom

where a is the crack length before application of the ith block, k the number of

cycles involved in the block i and (daldN),O, can be estimated from the constant

amplitude crack growth rule.

The above model suffers from the following difficulties:

• Simple model (Irwin or Dugdale) to evaluate plastic zone size due to overload

• Elastic-perfectly plastic behaviour

• No account for stress redistribution due to plastic deformation

• Unknown parameter 
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To cope with the difficulties mentioned above, a model that makes use of only basic

material properties (monotonic and cyclic behaviour) to predict fatigue crack growth

under variable amplitude loading is proposed. The model takes into account a

realistic plastic zone size and shape using measured results and numerical

modelling. This will allow bridging the microstructural characteristics of aluminium

alloys (especially 2024) to their fatigue crack growth behaviour under service spectra.

As a first aempt to overcome the difficulties described above, a full three-

dimensional FE model of the cracked region was conducted using the materials

exact cyclic stress-strain behaviour.

The second modelling approach deals with the issue of crack propagation in AA6056

sheet material as base metal (13M) and in the laser beam welded (LBW) condition

with respect to static and low cycle fatigue loading condition [5]. Two models appear

suitable: The Gurson-Tvergaard-Needleman model (GTN-model) and the Cohesive

Zone Model (CZM). The GTN-model will be focussed on here.

The Gurson model 1977) is a model of porous metal plasticity that allows an

accurate description of the fracture mechanisms in ductile metals. This model is

micromechanically based resulting from an extension of the von Mises criterion;

whenf = , the yield function equals the classical Von Mises yield potential. The

original Gurson model has been extended by Tvergaard and Needleman 1984 to

account for the coalescence of voids, by introducing the parameter ff) and by

adding three additional material parameters qj. The form of the GTN model reads:

2

+ 2q,.� cosh q2 (q. J'2 0 (6)
o' 2 co

f for f f,

f (7)

f, + K (f-Q for f > f, with (f _f')
fr f,

This relation accounts for isotropic strain hardening by taking the flow stress of the

matrix material surrounding the void, cy, to be dependent on the accumulated

equivalent plastic strain, e,,
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44 I (8)

Damage is described by the internal variable f*, which is a function of the void

volume fraction f (ratio of the total volume of all cavities to the volume of the body).

Here, void nucleation is not considered. Void interaction effects starting at a critical

void volume fraction, f, are accounted by the use of the damage variable, f*, in the

yield function. Accelerated damage evolution therefore is defined by the scalar

constant K. The material looses its stress carrying capacity at f = ff or f = f" - = 3
Yq I

respectively. In this case, a crack is assumed to propagate. q and q2 are model

parameters affecting the shape of the yield surface.

In the finite element code, the tensile behaviour is defined in terms of plastic strain

versus true stress. The true stress versus plastic strain curve has been determined

using an Evolution Strategy procedure (ES) for AA6056 BM, both T4 and 6

tempers. The ES is a mathematical tool, based on evolution laws, to optimise

functions; the target function being the experimental results of the tensile tests

realised on flat tensile specimens.

Using this tool, the reciprocal effects of the hardening, that increases the load at a

given elongation and of the damage responsible of the load decrease can be

separated and investigated. The Gurson-Tvergaard-Needleman (GTN) model, that

accounts for damage evolution, is used to represent the yielding behaviour of the

aluminium alloy.

Assuming that the constitutional phases (diameter of particle > pm) debond from

the matrix or fracture at low plastic strain, the volume fraction of particles is set equal

to the initial void volume fraction (fo), required in the GTN-model.

The initial void volume fraction (fo) is taken from the microstructure investigations

carried out on AA6056-T6: fo = 076 % and AA6056-T4: fo = 0.85%. The tensile data
nhave been extrapolated, using a power law of Ludwik type = CT, + KEP, with =345

MPa and n=0.55 for AA6056-T6 and a=217 MPa and n=0.59 for AA6056-T4 An

example of the results concerning the tensile test on flat tensile specimens (AA6056-
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T6) is provided in figure 9 Both, experimental and numerical results are presented. It

can be seen, that up to the maximum load the two curves agree well.

Z
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Fig. 9 Tensile results of AA6056-T6

Once the hardening behaviour is determined, crack extension in an M(T)-specimen

using the GTN-model can be carried out. Microstructural information is therefore

taken as input parameters, which are obtained from the microstructural analysis.

The main parameters are the volume fraction of constitutional phases and the

nearest neighbour distance between large particles (NND). The NND gives indication

on how to define the dimension of the finite element mesh at the crack tip and the

crack extension of both, AA6056BM-T4 and AA6056BM-T6 was simulated that way.

This activity is in progress and the results shall become available soon.

The next step will be the simulation of crack extension in AA6056LBW with initial

crack assumed in the middle of the fusion zone (FZ). These simulations will start as

soon as the microstructural input parameters of FZ (volume fraction of particles,

porosity content ... ) are available from material microstructure analysis.
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Another approach intended by 161 deals with the initiation of cracks on a microscopic

level. In this context, finite element calculations of stress and strain patterns

(distributions) in the model of a real microstructure are to show how stress and strain

patterns depend on the microstructure e.g. arrangements, shape and size of the

precipitates in the matrix phase. The FE models based on microstructural digital

images are covered with finite elements using automatic meshing procedure. Each

element belongs to a certain phase according to the "microstructure map" and has

corresponding properties. In order to improve the resolution on the micro scale to the

required level the effect of
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Fig. 10: Distribution of the effective strains (a) and stresses (b) in
AI/SiC(10%) after macroscopic tensile deformation of 2.76%

heterogeneities at higher length scales on the local processes should be taken into

account. Length scales bridging is then possible using boundary conditions

(displacements at the boundaries of the FE model) from the small area investigated

experimentally or simulated on the macro scale (e.g. from a CT specimen) and focus

step by step on smaller microstructural details by transferring the extracted

displacements as a carrier of the information from the larger length scale surrounding

to the smaller one [Dighe and Gokhale (1997)]. The results of this procedure reveal

local stress and strain distributions depending on size, shape and arrangements of

the second phase (precipitates) and point out potential damage localizations. Fig. 10

shows as an example stress and strain distributions in AI/SiC(10%) after

macroscopic tensile deformation up to 2.76% calculated using the method described

above.
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Within the IDA-project, the influence of the microstructure of Al-alloy 2024HP on the

stress and strain localization shall be investigated by applying a similar method 6/.

Summary and conclusions

The objective of the IDA-project is the establishment of a comprehensive

understanding of the fatigue crack propagation mechanisms for recently developed

Aluminium alloys and to develop advanced numerical methods in order to simulate

and predict their fatigue crack growth behaviour based on microstructural features. A

sound knowledge of the correlation between microstructure and crack growth

mechanisms will enable the material suppliers to optimise the damage tolerance

performance of current alloy systems. Further, the capability of predicting the

damage tolerance behaviour will contribute to a significant reduction in otherwise

extensive experimental data generation requirements.
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1 Summary

The CASTOC project addresses environmentally assisted cracking (EAQ phenomena in low
alloy steels used for pressure boundary components in both Western type boiling water reac-
tors (BWR) and Russian type pressurised water reactors (VVER). It comprises the four work
packages WP):

• inter-laboratorycomparisontest(WPI)
• EAC behaviour under static load (WP2)
• EAC behaviour -under cyclic load and load transients WP3)
• evaluation of the results with regard to their relevance for components in practice

(WP4)

The use of sophisticated test facilities and measurement techniques for the on-line detection of
crack advances ave provided a more detailed understanding of the mechanisms of environ-
mentally assisted cracking and provided quantitative data of crack growth rates as a function
of loading events and time, respectively. The effect of several major parameters controlling
EAC was investigated with particular emphasis on te transferability of te results to compo-
nents in service. The obtained crack growth rate data were reflected on literature data and on
commonly applied prediction curves as presented in the appropriate Code.

At relevant stress intensity factors it could be shown that immediate cessation of growing
cracks occurs after changing from cyclic to static load in high purity oxygenated BWR water
and oxygen-free VVER water corresponding to steady state operation conditions.

Susceptibility to environmentally assisted cracking under static load was observed for a heat
affected zone material in oxygenated igh purity water and also in base materials during a
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chloride transient representing BWR water condition below Action Level I of the EPRI Water
Chemistry Guidelines according to the electrical conductivity of the water but in the range of
Action Level 2 according to the content of chlorides. Time based crack growth was also ob-
served in one Russian type base material in oxygenated VVER water and in one Western type
base material in oxygenated high purity BWR water at stress intensity factors above the limit
for linear elastic fracture mechanics.

There is evidence that the. prediction curves of the ASME Boiler and Pressure Vessel Code
Section XI, Appendix A are not conservative for some relevant cases with regard to crack
growth rates under cyclic load even in oxygenated high purity BWR water.

The CASTOC results have provided an important contribution to the understanding of crack
growth behaviour on the one hand as a function of time and on the other hand as a conse-
quence of the number and height of loading events. This is an important key for the evaluation
)f transient events, which may occur in a plant during service.

2 General background
Ageing of pressure boundary components is one of the main factors controlling the lifetime of
nuclear power plants. Environmentally assisted cracking (EAC) under certain circumstances
can be one of the major ageing mechanisms of low alloy steels in high temperature water. The
project "Crack Growth Behaviour of Low Alloy Steels for Pressure Boundary Components
under Transient Light Water Reactor Operating Conditions", (CASTOC), was performed
within the 5th EU ftamework programme - under contract no. FIKS-CT-2000-00048 and ad-
dressed te problem of EAC of Western and Eastern type steels used for pressure boundary
components [1], 2].

The available data concerning EAC of low alloy steels in high temperature water under con-
stant static load has revealed major discrepancies in crack growth rates under nominal similar
conditions. These discrepancies have been primarily attributed to insufficient control of rele-
vant experimental parameters and incomplete reporting of necessary information rather than
to real scatter in material behaviour.

Based on these discrepancies an nternational Round Robin Programme has been organised
between European laboratories 3]. However, since the tests performed with low alloy steel in
high temperature water under purely static load did not reveal significant amounts of crack
advance, te international acceptance of the results was limited. The main criticism was tat
even incubation times for the development of stable crack growth under static load could be
greater than the duration of the experiment and therefore "zero" crack growth is not a suffi-
cient evidence to confin-n resistance to EAC under these conditions 4]. It was therefore sug-
gested by nternational experts, that crack growth due to EAC should be initiated under condi-
tions, where susceptibility to EAC is known to exist, e.g. under cyclic load at very low fre-
quencies [5].

Most of the existing crack growth data to date was related to steady state operating conditions.
Only few data is available with respect to controlled transient conditions (chemistry, loading).

The objectives of the CASTOC project were the generation of reliable crack growth data con-
sidering the following parameters 6], 7], [8], 91:

variations of material
• different base materials
• theheataffectedzoneofajointweld
• weld metal
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specimens cladded with austenitic stainless steel
• effect of chemical conditions of the water environment and transients in water chem-

istry
• sulphate
• chloride

oxygen
pressurised water reactor primary water for VVER
temperature

• effect of mechanical transients

• transition from cyclic load to static load
• hold time effects during cyclic load

• effect of stress state in the specimen

* specimen geometry (surface cracked specimens, QT) specimens)
* specimen size (C(T)25 and C(T)50)

The results of the project should in particular be assessed with respect to quality, reliability
and its application to plant concerns and possible Code implementation.

With regard to the specific situation in Europe, the materials and water environment condi-
tions were chosen to address both the concerns of BWR and VVER, respectively.

3 Materials
The main objective of the project was to investigate environmentally assisted cracking of low
alloy steels used for the pressure retaining components of the primary coolant. For this pur-
pose, materials were selected from semi-finished products representing different types of
steels and different qualities.

• Material A, base material
Seamless forged ring of German type 2MnMoNi5-5 RPV steel (final wall thickness
300 mm), equivalent to ASME SA 508 Grade 3 Cl I
The selected heat is te so called "lower bound material" from a former German re-
actor materials research programme, i.e. a controlled heat designated "KS12" that
conservatively covers the German reactor pressure vessel (RPV) steel 2MnMoNi5-5
with respect to chemical composition and Charpy-V- notch toughness.
The material state (regarding chemical composition) is characteised by enhanced
phosphorus, sulphur, molybdenum and copper content compared with the specifica-
tion. MnS-clusters are present in tis heat, but similar may be present in real plant
material as well, since segregation phenomena are not unusual for that kind of large
size ingots.

• Material A, weld metal
3 NiMo /OP 41 TT (wire/flux), fabricated as circumferential weld using narrow

gap welding according to nuclear grade quality with optimized wire and flux relevant
to welding techniques, which were used for RPVs of Western plants

• Material B, base material
Seamless forged vessel sell of German type 22NiMoCr3-7 RV steel (final wall
thickness 250 mm), equivalent to ASME SA 508 Grade 2 C1. 1, taken from a reactor
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pressure vessel fabricated for a nuclear power plant in Germany ("Biblis C"), how-
ever, which finally has not been built
This is a relevant material from a real (commercial) RPV. Note: The austenitic
stainless steel cladding and its heat affected zone is relevant as well, but it is not di-
rectly a concern of this project.

• Material C, base material
Forged plate of Russian type 15Kh2MFA RPV steel for use in VVER reactors with
enhanced sulphur content (thickness of the plate 140 mm), fabricated according to
nuclear grade quality

• Material D, base material
Forged plate of Russian type 15Kh2NMFA RPV steel for use in VVER (thickness of
the plate 320 mm), fabricated according to nuclear grade quality

Materials A and are typical for Western type reactor pressure vessels whereas materials C
and D represent VVER rector pressure vessel materials. Significant differences exist in the
chemical composition of the Western and the VVER type materials. The VVER types of steel
have in particular high chromium and in case of the I5Kh2MFA (C) also a high vanadium
content, see Table 1. The nickel content is low in the 15Kh2MFA steel but high in the
15Kh2NMFA (D). In contrary, the Western type steels have little chromium, elevated nickel
and in particular a high manganese content.

All base materials have a fine-grained bainitic microstructure. In case of material A, a high
variation in the local sulphur content was observed ranging from 0003 to 0053 wt.%. Fur-
thermore, portions of intergranular fracture were found on fracture surfaces produced under
cyclic load in air giving indications for grain boundary segregations, which could be identi-
fied by Auger Electron Spectroscopy. This analysis revealed an enhanced content of phospho-
rus, molybdenum and manganese at the grain boundaries.

Table 1: Chemical composition (major elements) and strength properties of the investigated
materials.

Material Cheihical CornpWfion
Mn, N

* (base) 0.25 1.54 0.18 0.62 0.014 0.015 0.024 512 663
* (weld) 0.07 1.15 0.10 1.04 0.014 0.005 0.010 496 572
* (base) 0.22 0.91 0.42 0.88 0.008 0.007 0.007 444 594
* (base) 0.15 0.40 2.78 0.30 0.013 0.015 0.29 545 651
* (base) 0.14 0.45 2.15 1.23 0.009 0.007 0.008 570 674

cTys yield strength cyuLT= ultimate tensile strength
RT Room Temperature base = base material

The specimens were predominantly taken from the 14 T to the 34 T position (T thickness
of the plate/forging) which corresponds to requirements according to the acceptance testing
procedure.

One fracture mechanics specimen C(T)25 of material A was investigated with the crack lo-
cated in the heat affected zone (HAZ) of the circumferential weld. The hardness determined
on a metallograpbically prepared section near the location where the specimen was taken
reached values of about 340 HV 0. 1.



- 24.5 -

To investigate the situation as resulting from a postulated surface crack penetrating the aus-
tenitic stainless steel cladding, one specimen was prepared from the vessel shell of material 
that was cladded by a double layer strip cladding using Nb-stabilised austenitic stainless steel
X2CrNiNb24-12 for the first layer and X2CrNiNb21 -1 0 for the second layer. The component
was heat treated after cladding. The crack front of this specimen is located in the austenitic
cladding, in the HAZ of the cladding and in the ferritic base material. Te hardness of te
HAZ of the cladding was determined on a metallographically prepared section to about
300 HV 01.

4 Environment
The properties of te water environment like temperature, flow velocity and the chemical
composition have a big influence on all corrosion processes including environmentally as-
sisted cracking in structural materials. Tey also affect e.g. the activity build-up (dose rate
increase) in nuclear power plant circuits. The specific electric conductivity, the content of
oxidants (e.g. oxygen) and the pH depend on the chemical composition of the water and de-
scribe the a gressiveness of the environment. It has to be taken into account that the water
conductivity itself is not responsible for te aggressiveness, but the water impurities like chlo-
rides and sulphates, which cause igher conductivity values. In this context, water chemistry
parameters like conductivity, oxygen concentration and pH value act as indicators for a devia-
tion from the specified operational conditions of a coolant circuit. For steady state operation
the main parameters of the water are specified in the EPRI Water Chemistry Guidelines, see
Ref. [10]. Deviations from the normal operating conditions are grouped into different Action
Levels, see Table 11, and requires adequate measures as outlined in the definitions of the Ac-
tion Levels, see Table 111. Similar conditions for BWR operation are specified in the German
"VGB-Richtlinie", see Ref. [I 1 ].

Table 11: EPRI water chemistry guideline recommendations for the reactor water for BWR
power operation (for NWC conditions).

Control Unit �n Value AWon Le*As
r

conductivity gs1cm 0.11 > 030 > 1.0 > 5.0

chloride gg/kg I > > 20 > 100

sulphate �tg/kg I > > 20 > 100

Table III: Definitions of Action Levels according to EPRI guidelines.

Doooition
Action Level I The Action Level I value of a parameter represents the level above which data or

engineering judgement indicates that long-term system reliability may be threat-
ened, thereby warranting an improvement of operating practices.

Action Level 2 The Action Level 2 value of a parameter represents the level, above which data or
engineering judgement indicates that significant degradation of the system may
occur in the short tenn, thereby warranting a prompt correction of the abnormal
condition.

Action Level 3 The Action Level 3 value of a parameter represents the level above which data or
engineering judgement indicate that it is inadvisable to continue to operate the
plant.
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Boiling water reactors are open systems in relation to the mass flow of the coolant. In order to
avoid the accumulation of dissolved substances, the use ofnon-volatile chemicals for water
chemistry adjustment is normally not possible. For this reason, most BWRs are operated with
high purity water, which contains radiolysis products like oxygen, hydrogen peroxide and
hydrogen. Normally, the BWR coolant contains I 0 to 400 �tg/kg dissolved oxygen and this is
referred to as normal water chemistry (NWC). In some BWRs hydrogen gas is dosed into the
feed water in order to reduce the total amount of oxidants to low levels and tus to ensure low
values of the electrochemical corrosion potential (ECP). This type of water chemistry control
is called hydrogen water chemistry (HWC). In addition to the oxidising character of the NWC
coolant, chlorides and sulphates are the most detrimental impurities with respect to EAC.
Therefore, their concentration is kept as low as possible and the allowable concentration is
strictly limited by water chemistry guidelines.

The Russian design VVER reactor is a PV-/R and represents a closed system in relation to te
mass flow of the coolant without a phase transition to steam within the primary coolant cir-
cuit. Therefore, also non-volatile chemicals may be used for technological purposes as well as
for water chemistry adjustment. For example, the pH value of the PWR coolant is controlled
in order to ensure minimum corrosion and activity build-up conditions. From neutron physical
reasons the main PWR coolant contains boric acid, which, however, would lead to an acidifi-
cation of the water and thus to an increase of the coolant aggressiveness. In order to avoid this
effect, KOH is dosed into te main coolant as an alkalising medium. In the closed cooling
system of a PVVR, the formation of oxidising radiolysis products easily may be suppressed by
dosing ydrogen gas into the coolant. In VER reactors ammonia (NH3) is used which is sub-
ject to radiolysis and generates hydrogen by this way. Furthermore, NH3 leads to an additional
slight alkalisation of the coolant, which is beneficial with regard to the aggressiveness of the
water. As the concentration of boric acid decreases in the course of a reactor operation cycle,
also the amount of other coolant ingredients may change. Due to ammonia dosing and to the
suppression of the radiolysis products, the oxygen concentration in te primary coolant of a
PVV`R remains during normal power operation usually in the range of the detection limit.

One of the aims of CASTOC was to investigate e effect of chemical transients on te crack
growth behaviour under constant and cyclic loading conditions. Te EAC crack growth re-
sponse during and in particular after water chemistry transients is of practical relevance be-
cause BWRNVER operation inevitably involves short-term variations in water chemistry.
Conductivity and oxygen/hydrogen peroxide/ECP transients occur during start-up and occa-
sionally during steady-state power operation (e.g., ion exchanger resin intrusions, condenser
leakages). Accordingly, in different work-packages environmental parameters were chosen
which clearly exceed the normal operation values for stationary BWR and VVER power op-
eration. In some experiments single values even exceeded the EPRI Action Level 3 limits and
the allowable concentrations, respectively, taking into account that those water chemistry
conditions would not allow to continue operation of the plant but are necessary to evaluate te
effect of worst case conditions. Therefore, the crack growth results of these experimental in-
vestigations are highly conservative with respect to the water chemistry parameters of non-nal
plant operation.

5 Experimental simulation of EAC
Environmentally assisted cracking (EAQ in pressure retaining components is controlled by a
variety of parameters of the evironment and of the loading conditions as well as of the sus-
ceptibility of the material. The understanding of the acting mechanisms is a key factor not
only for the evaluation of te behaviour of a component in practice but also for adequate ex-
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perimental simulation of the conditions in the plant. Therefore, in laboratory tests all major
parameters that may affect EAC have to be considered and to be applied accordingly. In case
of insufficient knowledge of the effect of individual parameters, conditions have to be se-
lected which cover uncertain effects in a conservative way.

Some of the factors, which have to be considered with regard to a reliable experimental simu-
lation of the conditions in the plant are dealt with in the following sub-chapters.

5.1 Time effOct
With regard to the long lifetime of a component in service of 40 years or more and the strong
time dependence of EAC processes, the necessary time reduction in laboratory tests is a major
concern to describe reliably the long-term behaviour of components in practice. Therefore, it
is vital to understand the crack growth behaviour as a function of time dependent parameters,
which are mainly:

• the load rise time leading to a certain strain rate in the crack tip region
• the hold time at constant static load during which cessation of a crowing crack or

enhanced crack growth due to stress corrosion cracking may occur
• the frequency, combined with the loading pattern (sine wave, saw tooth, periodical

partial unloading), of cyclic loading

A particular problem is associated with the investigation of environmentally assisted cracking
under static load since this process may be preceded by a long incubation time. This effect
cannot be investigated on a "condensed" time scale. To overcome this generic problem an
advanced test technique was applied - and this was in particular possible by means of te
DCPD measurement technique - which enables a conservative description of the crack
growth behaviour under constant static load. This test technique comprises a sufficiently long
conditioning phase in the specified environment to build-up a stable oxide layer and a cyclic
load phase to generate an actively growing crack due to EAC. Finally, the static load phase is
usually itroduced at the maximum load level of the cyclic phase or even at higher loads. By
these means a possible incubation phase is eliminated. If crack cessation occurs, it can be
concluded that the material is not susceptible to EAC under te applied conditions. If continu-
ous crack growth occurs, relevant crack growth rates can be determined since the detection
limit of te DCPD technique is of te order of 2 to IO m. This correlates to a detection limit
of crack growth rates during a 300 h test period of 5- 10-12 M/S (160 m/a). Test periods of up
to 500 h were applied to reliably describe the crack growth behaviour.

5.2 Water conditions
All partners of te project used sophisticated autoclave systems and the above-mentioned test
and measurement technique so that the major parameters such as oxygen, sulphate and chlo-
ride content could precisely be controlled and maintained over a long period of time.

To simulate BWR conditions an overpressure was used to avoid a phase transition to steam.
This is the common practice and is acceptable since the major concern of EAC is related to
the water phase and not to the steam phase.

BWR water was mostly simulated with an oxygen content of 400 gg/kg representing steady
state operation in a conservative way. An oxygen content of up to 8000 gg/kg was applied
additionally to investigate the effect of oxygen during start-up phases in the plant and at the
same time to simulate a realistic ECP. If not stated otherwise, te term "BWR water" is used
for water of high purity with an electrical conductivity ofK < 02 gS/cm in the outlet water.
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In case of VVER water, start-up phases were simulated with an oxygen content of about
200 gg/kg and steady state conditions with technically oxygen-free water of less than
20 gg/kg dissolved oxygen. In all cases, the VVER water contained boric acid in a concentra-
tion representative for plant operation.

5.3 Flow rate
From own experience and various literature data there is clear evidence that the flow rate may
be a significant parameter with respect to EAC since it affects the local chemistry of the water
and in particular the mass transport of "critical" species into and out of the crevices (cracks).
However, the most severe conditions establish under stagnant or quasi-stagnant flow. Such
quasi-stagnant conditions are mainly applied in laboratory tests with the exception where the
effect of flow rate is deliberately investigated to study this effect. With very few exceptions,
which are mentioned explicitly, the CASTOC tests were performed under quasi-stagnant flow
conditions with a low refreshing rate to generate conservative data with respect to plant condi-
tions.

A further simplification has to be made in laboratory tests concerning the ratio of specimen
surface to water volume. Since an improper increase in ion concentration due to general cor-
rosion in the system is eliminated by the refreshing procedure, similar low ion concentration
can be sustained as in the plant and thus the deviation from plant conditions is not of rele-
vance for the laboratory results.

5.4 Crack geometry
In the postulated cases of cracked components, the geometry of the crack is more or less serni-
elliptical providing an access of the water to the crack tip region differently from that in a
small compact tension QT) specimen commonly used for laboratory tests. Therefore, a few
screening tests with differently pre-cracked C(T) specimens and flat bar tension specimens
containing a semi-elliptical surface crack were performed in the CASTOC project to obtain a
rough picture about a possible significance of this effect. For the evaluation of the results, it
has to be taken into account that not only the access of the water to the crack tip region is dif-
ferent compared with that in a QT) specimen but also te local stress state (different con-
straint).

5.5 Stress state
The common practice in laboratory testing is te use of compact tension specimens QT)25
with a thickness of 25 mm. Since a pre-requisite for the transferability of results is te equal-
ity of te acting mechanisms it has to be considered whether the stress state in a component
differs from that in the specimen and thus can contribute to a change in corrosion mechanism.
As long as the stress intensity factor does not exceed the limit for plane-strain conditions ac-
cording to ASTM E 399 12] only very limited plastic deformation has occurred in the crack
tip region (small scale yielding) during the loading phase and the data are considered to be
transferable.

From the basic equation:
2

B a > 25 - KI (1)

CFYS

B = specimen thickness in m
a = crack length in m
KI = stress intensity factor in Mla�rn
cTys = yield strength in MPa
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the range in K, for the valid application of linear elastic fracture mechanics (LEFM) is limited

for a C(T)25 specimen by K, c(T)25 = I -CFYS [MPa4m]
E 399

and for a C(T)50 specimen by K, c(T)50 . 0. 14-cyys [MPa4m]
E 399

It is supposed that the component with the postulated flaw is loaded in the LEFM regime and
thus relevant tests to represent the service conditions must assure that small scale yielding is
not exceeded. In case of material A 2MnMoNi5-5) with a yield strength at 288 'C of
462 MPa the admissible K, ranges are up to 46 MPa4m for the C(T)25 specimen and up to
65 Wa�m for the C(T)50 specimen.

According to ASTM E 1681 the criterion for the remaining ligament W - a) has also to be
fulfilled to meet the validity of LEFM.

KIEAC 2
(W- a) 2.5. (2)

(YYS

W = specimen width; W = 2-13 for C(T) specimens

A second limitation for the remaining ligament is set in both ASTM E 647 13] and ASTM
E 1681 14]. The crack may not grow so far that the ligament criterion according to equation
(3) is violated.

2

(W- a) > . (3)
71 CFYS

In equation 3) for the calculation of the ligament limitation, the effective yield strength (flow
strength) aFS may be used instead of ays if the work hardening ratio GULT/Gys exceeds the
value of 13, which is usually the case for RPV materials.

GFS = FYS + 3ULT (4)
2

CYFS = effective yield strength (flow strength) in MPa
CULT = ultimate tensile strength in MPa

For specimens of material A with an a/W ratio of e.g. 065 the limits for the stress intensity
factors of a C(T)25 and a C(T)50 specimen are according to equation 3) on the basis of Yys:

C(T)25 =63.3 Mla�mKEAC E681

C(T)5.
KEAC E1681 = 89.5 MPa4m.

This ligament requirement does not comply with the LEFM conditions and is not necessarily
a sufficient condition for the transferability of results to components. In case that the validity
criterion of ASTM E 399 is violated, the application of results from small specimen testing to
plant components may not be considered without detailed analyses of the real stress/strain
state in the component.

Nevertheless, tests were also performed in te regime exceeding these criteria, however, sus-
tained "low temperature creep" processes in the crack tip region cannot be excluded in tis
range. This may result in a continuous destruction of the protecting oxide layer and thus to
sustained crack growth due to strain induced corrosion cracking.
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In order to confirm the trend of the effect of specimen size on EAC some tests were per-
formed with C(T)50 specimens to compare the results with those from C(T)25 specimens.
This implies, however, an additional effect with regard to the access of the water and espe-
cially its dissolved ingredients to te crack tip.

6 Conclusions from the project
The objective of te CASTOC project was to screen the EAC behaviour of low alloy RPV
steel in high temperature water during load transients that may occur during start-up and shut
down, steady state operation and load following mode. This is in contrast to the worldwide
activities in the past, which focused mainly on either cyclic loading or static loading. The
main focus of te project was directed to the interaction between static and cyclic loading
which was realised e.g. by periodical partial unloading with different rise and bold times. In
conjunction with the different load spectra, the effect of transients in water chemistry was
investigated. The major results obtained in this project are summarised in the following sub-
chapters.

6.1 Reproducibility of test results
The project was designed in a way that different partners contributed results partly to the same
objective but with different parameter sets. To assure that te individual results can be com-
prised to describe the complex interactions of the different parameters, an inter-laboratory
comparison test was performed to demonstrate the reproducibility and, at the same time, to
generate data which describe the crack growth behaviour of material A in high purity BWR
water 6], [15].

The tests were carried out under nominally identical conditions, firstly under cyclic load and
in a second phase under static load. It was confirmed that all tests were performed under
proper control of all important external" parameters, e.g. load and environment and that suf-
ficient crack advance mostly was achieved in the cyclic phase to obtain reliable data.

The obtained crack growth rates da/dN under cyclic load are spread over a range of almost
two orders of magnitude, see Figure I and 2 Although EAC is in general a deterministic
process, tere exist besides the external" parameters internal" parameters, which cannot be
controlled such as:

• inhomogeneities in the material with respect to chemical composition and microstruc-
ture

• residual stresses
• local water chemistry, e.g. due to different amount of dissolved manganese sulpbides

present in the crack plane
• crack cessation/arrest, local pinning and re-initiation phenomena

which add a probabilistic terrn to EAC. Furthermore, crack growth data, which were derived
from test periods with not long enough crack advance (Aa < 02 mm) with regard to the reso-
lution of fractographic crack length determination and DCPD technique for crack length
measurement, in particular in the lower range of da/dN, are associated with a higher uncer-
tainty and thus are less reliable. This has to be considered with regard to practical applica-
tions.

The data were compared with te prediction line as presented in the ASME Boiler and Pres-
sure Vessel Code, Section XI, Appendix A 16]. This comparison reveals clearly that a sig-
nificant number of data, in particular those which were derived from test periods with suffi-
cient crack advance, exceed the ASME prediction line. It can further be concluded that the
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lower cycling frequency 8.3-10-4 s-1) tends to cause higher crack growth rates, Figure 2 than
the higher fTequericy (8.3- 10-3 s-1), Figure 1. This is consistent with the general experience that
EAC is a strong time dependent process.
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Figure 1: Range of crack growth rates of Figure 2 Range of crack growth rates of
material A at a frequency of 8.3- 10-3 S-1 in material A at a frequency of 83-10-4 s-1 in
oxygenated high purity BWR water of oxygenated high purity BWR water of
288 C. 288 C.

A second very important result could be concluded from these tests. After changing from cy-
clic loading to static load, immediate cessation of crack growth was observed at the applied
stress intensity factors of up to almost 60 MPa4m. This confirms that material A, tested under
these conditions, is not susceptible to EAC under static load (stress corrosion cracking).

6.2 Results from cyclic loading and load transients

6.2.1 Effect of material
A direct comparison of all materials under identical experimental conditions is not possible
and was not the aim of this project. Therefore, the material behaviour is evaluated individu-
ally to identify specific features.

Material A was investigated extensively and showed consistently, that most of the da/dN data
exceed the ASME XI prediction curve in high purity water, compare Figure I and 2 How-
ever, the material showed a specific feature of pronounced portions of intergranular cracking
in several specimens even in the fatigue pre-crack area produced in air. This can be attributed
to enhanced phosphorus segregations at the grain boundaries which was verified by Auger
Electron Spectroscopy and is not surprising since this material was fabricated as lower bound
material with enhanced phosphorus content of 0.0 1 4 wt.%.

Material representing optimised nuclear grade material showed significantly lower suseep-
tiibility to EAC. The range of da/dN data is almost one order of magnitude lower than tat of
material A, see Figure 3 In some cases it was even difficult to initiate crack growth at all un-
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der cyclic load. The lower susceptibility to EAC appeared also in tests with periodical partial
unloading and during the applied chloride transient, compare chapter 62.7. However, if once
fast crack growth was initiated, the crack growth rates of material B, e.g. during slow load
transients, were in the same ranges as those of material A.
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Figure 3 Comparison of crack growth Figure 4 Crack growth behaviour of weld
rates of material A and under low fre- metal and HAZE compared to data for base
quency fatigue in oxygenated high purity material A under low frequency fatigue in
BWR water of 240 'C. oxygenated high purity BWR water of

288 C.

The weld metal of material A showed similar behaviour as the base material A, see Figure 4.
Opposite to that, a tendency towards higher crack growth rates under cyclic loading was
observed for the heat affected zone (HAZ) of the joint weld of material A, see Figure 4.

Under cyclic loading, there was almost no difference in behaviour of material C and D in both
oxygen-free and oxygenated VVER water, see Figure and 6 All da/dN data are well repre-
sented by the prediction curve of the ASME Code Case 643 17] for PWRs and in particular
in oxygen-free VVER water the data are even close to the ASME prediction line for air, see
chapter 62.2.
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Figure 5 and 6 Crack growth behaviour of material C and D under low frequency fatigue in
VVER water of 288 C (oxygen-free, left, and 200 gg/kg oxygen, right).

6.2.2 Effect of oxygen
The effect of oxygen was investigated on material A in high purity BVVR water and on mate-
rial C and D in VVER water environment. In BWR water no significant effect of oxygen on
EAC was observed at concentrations between 400 and 8000 Pg/kg, see Figure 7 which is
consistent with the only small differences in the measured ECP values. However, the crack
growth rates in highly oxygenated water cover predominantly the upper range of the data

field.

The crack growth rates in oxygen-free VVER water are low and comparable with the behav-
iour predicted for inert environment such as air, compare Figure and 6 At the enhanced
oxygen content of 200 ptg/kg a crack growth rate at the high R ratio (R = .8) was observed,
which is about one order of magnitude higher than in oxygen-free VVER water, whereas at
the low R ratio (R = 02 and 0. 1) almost no accelerating effect on crack growth was found.

6.2.3 Effect of temperature
In BWR water environment experiments were carried out with material A and at tempera-
tures of 240 C and 180 C in addition to those at 288 'C. In this temperature range, no con-
sistent effect of the temperature was observed due to the wide range of data. An example is
presented in Figure for material A, but material showed a similar behaviour. However,
this statement may not be generalised since in case of materials which show dynamic strain
ageing effects, a maximum in susceptibility to EAC may exist in a temperature regime below

the operation temperature of 288 'C 18].
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Figure 7 Effect of oxygen on crack growth Figure 8: Effect of temperature on crack
rate under low frequency fatigue in BWR growth rate under low frequency fatigue in
water of 288 'C. oxygenated high purity BWR water.

6.2.4 Effect of load transients and frequency
By means of the DCPD measurement technique detailed insight into the crack growth behav-
iour as a function of time could be obtained. Tests performed with periodical partial unloading
(PPU) revealed very clearly that crack advance in high purity BWR water occurs only in te
phases of rising load, example see Figure 9 Therefore it is not adequate to evaluate crack
growth rates resulting from load transients on a time basis as indicated by the regression line
in Figure 9 but evidently based on the number of loading events and the load steps AK,. The
same processes have to be considered when tests or events are evaluated which consist of load
transients with periods of differently long hold times. Figure 10 shows an example of PPU
tests in which the hold time was varied from to 105 s (O to 28 h). In the test with the longest
hold time, a sudden change in crack growth behaviour occurred leading to an about 100 times
higher crack growth rate da/dN. However, the reason for this could not be clarified.

As long as environmentally assisted cracking under static load during the hold time period at
maximum load does not occur, the low frequency corrosion fatigue (LFCF) crack growth rate
da/dN depends only on the number of loading events and thus the curve in Figure 10 must
result in a horizontal line. Differences appear in the crack growth rate due to different applied
R ratios (R = 02 and 0.8, respectively) and different rise times to maximum load (I 00 s and
I 000 s, respectively). With the higher rise time (I 000 s), the load increase is slower, causing a
lower strain rate in the crack tip region and hence the contribution of EAC is more pro-
nounced and results in a higher crack growth rate da/dN.



24.15 -

24.0 . . . . . . . .
Load 32

23.9
E da/dt
E 1.22-1 M/S 30

23.8
28 Z

DCPD
23.7

26 0

0 23.6 24
material A
BWR water 288 C

23.5 22
390 400 410 420 430 440

Time [h]

Figure 9 Effect of load transients (periodical partial unloading) on the crack advance during
the load transient and during the hold time period; material A, high purity Bv'R water of
2880C.

lu
0 3
>1 10

material A, water 240 C
=L

1 0 2� 56,0 58,0 60.1 61.5 59.8
LL

z

At. h
I 0 7, 57.5 60.4

Ij 57.0
A

100 !i5.0 59.5 A58.2 59.8

A� A�

i O' R = .8 A = 0-0 

t R = 02, At� = 4000 S

At = 1000/4000s, variation of A� A R=0.7, At�= DDs

10 -2 ,,.I . . . . I , ,,.I . I

0.01 0.1 1 10

Hold Time at Maximum Constant LoadAt, [h]

Figure 10: Effect of hold time at maximum load after a load transient (periodical partial
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mum stress intensity factor during the hold time.

This applies also when the loading frequency is varied. With increasing frequency the crack
growth rate decreases towards the crack growth rates obtained in inert environment (air), see
Figure I . This behaviour is consistent with the basic mechanism of strain-induced corrosion
cracking.
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Figure 1 1: Effect of frequency on crack growth rate in oxygenated high purity BWR water of
240 C.

6.2.5 Effect of stress state

The effect of stress state in specimens and components is a key issue with regard to the trans-
ferability of EAC results as stated in chapter 5.5. Since particular equipment is needed to per-
form tests with large C(T) specimens or surface cracked tension specimens, only a few
screening tests could be performed within this project.

In oxygenated VVER water environment results from C(T)25 and C(T)50 specimens show a
tendency of lower crack growth rates in the larger specimen by about one order of magnitude,
Figure 12. The applied stress intensity factors were in the range from about 60 to 80 Wa�in
for the C(T)50 specimens and from about 55 to 65 Wa�m for the C(T)25 specimens. Since
for the small specimens as well as for the large specimen the ASTM criteria of specimen
thickness and size of the ligament W - a), see chapter 66, were exceeded in some cases, it
is not clear if the observed size effect appears due to the particular stress state or due to differ-
ences in the access of the water and its dissolved ingredients to the crack tip region. However,
a major result of this investigation is that the smaller specimens tended to provide conserva-
tive crack growth rates compared to the larger ones.

To obtain complementary information about the stress state effect, a test was performed with
a tension specimen containing a semi-elliptical surface flaw. The range of crack growth rates
is not different from that obtained with C(T) specimens, see Figure 13. In this experiment, the
flow rate at the specimen surface was varied in a wide range, additionally. In contrast to data
from literature [ 1 9], no effect of the flow rate was observed in this test.

Since in both cases - different sizes of C(T) specimens and tension specimen with surface
crack - the stress state and the access of the water to the crack tip region varies, the present
data obtained in this project are not sufficient to make a clear statement about te effect of
stress state although significant differences in the behaviour of differently tick C(T) speci-
mens were observed.
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ter of 288 'C. material in high purity BWR water of

288 C.

6.2.6 Effect of sulphate

The effect of sulphate in BWR water, added as Na2SO4 and 112SO4, respectively, was pre-

dominantly investigated on material A. Although the sulphate content was realised up to val-

ues far beyond the onset of Action Level 3 of the EPRI Water Chemistry Guidelines accord-

ing to the sulphate content of up to 1400 �ig/kg, no enhanced crack growth rates were ob-

served, see Figure 14. This is in good agreement with model predictions ad most investiga-

tions under BWR/NWC conditions known from literature 20]. In some few other experi-

ments under BWR/NWC conditions, an accelerating effect of sulphate was observed, in par-

ticular in low frequency fatigue tests with low sulphur steels at lower corrosion potentials,

where crack growth rates in high purity water were close to those measured in air. In the

CASTOC experiments, however, the effect of sulphate content in the water externally added

was shaded because the investigated material has relatively high sulphur content, so that the

dissolved manganese sulphides intersected by the plane of the growing crack strongly control

the local water chemistry. The ranges of crack growth rate data without and with additional

sulphate overlap completely and there is no tendency that crack growth data corresponding to

EPRI Action Level 3 are higher than those corresponding to EPRI Action Level I or 2.



24.18 -

2
10

-ASMEYJ air
- ASME Xi wet

0 high purity water
0 water sulphate

lo'
BWRwater288'C a
400 pglkg 02

E

z 100

0

lo-, 0

O
10-2

0.65 < R < I
material A

-4
83-10 s�

R=0.1 R 0.7
10 -3.

I 10 100

^ [MPa4m]

Figure 14: Effect of sulphate content in BWR water of 288 'C on the crack growth rate of
material A under low frequency fatigue, sulphate content up to 150 Rg/kg.

6.2.7 Effect of chloride

The detrimental effect of chloride on EAC of austenitic stainless steel is well established. For
low alloy steel, enhancement of crack growth rate was not yet considered seriously, since the
level of chloride contamination is kept very low with regard to the austenitic stainless steel
and low alloy steels were considered much less susceptible to chloride effects.

To screen the effect of chloride on low alloy steel a test with periodic partial unloading (PPU)
was performed introducing a chloride transient of about 50 [tg/kg for a time period of 40 b.
According to the chloride content, tis water condition corresponds to Action Level 2 of the
EPRI Water Chemistry Guidelines, whereas the electrical conductivity, which is monitored
continuously in the plant resulted in a value of about 027 ftS/cm, which is still below EPRI
Action Level .

Starting in BWR water of high purity but with enhanced oxygen content of about 8000 �tg/kg,
crack advance was observed typical for PPU tests, i.e. crack growth occurred only in phases
of rising load, compare chapter 62.4 and Figure 9 For the test period with the chloride tran-
sient, a hold time at maximum load of 12 b was applied. After an incubation time of about
3 h, onset of fast crack growth under static load (SCC) occurred in te specimen of material A
was initiated under static load, see Figure 15, and the crack continued to grow. The specimen
of material B, which was in daisy chain with the specimen of material A in the same experi-
ment, exhibited retarded crack initiation only after 32 h, i.e. after two reloading events in
chloride containing water.
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Figure 16: Crack growth behaviour (da/dN and da/dt) of material A before, during and after a
chloride transient in oxygenated BWR water of 288 'C.

The detailed analysis of the DCPD signal showed that the chloride transient affected both, the

crack growth behaviour under static load da/dt and te crack growth rate under cyclic load

da/dN determined based on the number of reloading events, see Figure 16. The crack advance

Aa during reloading, however, was only slightly increased. This indicates that the mechanism
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of strain-induced corrosion cracking (SICC) which is acting during the reloading phase is not
much affected by the presence of chlorides. The high value for the cycle based crack growth
rate da/dN has mainly to be attributed to the mechanism of stress corrosion cracking (SCQ
which occurs under static load at the level of the maximum stress intensity factor K mx-

After returning to high purity water, crack growth in the phase of constant static load was still
observed, however, with strongly decreasing tendency over two more load cycles. Tis obser-
vation indicates that a long-term effect ("memory effect") of a chloride transient cannot be
fully excluded. Similar behaviour was observed for material but as already mentioned with
retarded crack initiation, lower crack growth rate under static load and less crack advances
during reloading.

6.3 Results from static loading

In the past, crack growth rates da/dt were not always determined from tests with pure static
loading. Periodical partial unloading e.g. was used to on-line monitor EAC by compliance
measurement technique. Because of limited on-line crack length measurements a variety of
results were generated only from the fractographically determined crack advance after the test
related to the total test time. This includes at least the crack advance from the initial loading
event at the beginning of the test. The BWRVIP-60 Disposition Lines DL I and DL 2 211 in
general cover most of the data obtained under static load even those, which include crack ad-
vance during the initial loading phase.

For comparison purposes crack growth rate data of material A obtained from tests in high
purity BWR water under constant load are displayed together with the Disposition Lines, see
Figure 17.

For stress intensity factors in the range of up to about 60 MPa4m crack growth was not ob-
served in any of the C(T)25 specimens, which were tested in high purity BWR water. When
the stress intensity factor was increased far beyond the validity limits for LEFM continuous
crack growth was observed even in high purity BWR water obviously due to yielding proc-
esses in the crack tip region. Although this plastic deformation occurs under constant static
load, the EAC process may mechanistically be attributed to strain induced corrosion cracking.
However, most of the data fall below the Disposition Line DL 2 211. These data in general
are not relevant for application to thick walled pressure boundary components, which are
loaded in the LEFM regime during operation, as e.g. the RPV, because the LEFM validity
criteria are violated. For thin walled components, e.g. pipes, a careful assessment of LEFM
applicability has to be performed depending on the load and flaw size.

The shaded range in Figure 17 shows the results from tests in the lower K, range in which the
crack growth rate was below the detection limit of the DCPD method of 5- 10-12 M/S

(I 60 tm/a).

The most important result from the investigations under static load was the reproducible ob-
servation of immediate crack cessation of growing cracks after changing from cyclic loading
to static load for all investigated base materials in high purity BWR water and in oxygen-free
VVER water, respectively, at stress intensity factors below 60 MPa4m. From this, it can be
concluded that the materials are not susceptible to environmentally assisted cracking under
pure static load. The applied test procedure starting with an actively growing crack and im-
mediate crack cessation at static load conditions eliminates the concern of possible incubation
phases which would be impossible to simulate in short-term laboratory tests.
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Figure 17: Crack growth behaviour of material A under constant static load in high purity
BWR water of 288 'C (shaded Range) and 240 C data points, range of plane-strain LEFM
validity indicated.

There were only few exceptions in which continuous crack advance was detected. These are

described in the following sections.

6.3.1 Effect of material

As stated above, none of the investigated base materials showed any susceptibility to EAC
under constant static load in the relevant stress intensity range and normal BWR and VVER
water chemistry. This behaviour could also be confirmed for the weld metal of the joint weld

in material A.

A behaviour different from that was observed in a test with a specimen from the heat affected
zone (HA-Z) of the joint weld in material A. Even at a stress intensity factor of

K = 47 MPa4m, using a C(T)25 specimen, sustained crack growth occurred with a crack
growth rate beyond the Disposition Line DL 2 see Figure 18. Based on hardness measure-
ments at room temperature in the base material 235 HV) and the HAZ 340 HV) and also,
based on general experience, it may be concluded that the limit for plane-strain LEFM even at
elevated temperature is significantly higher for te HAZ as compared to the base material.
Therefore, the applied stress intensity factor in this experiment is still supposed to fulfil the

LEFM criteria.
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Figure 18: Summary of conditions under which continuous crack growth was observed under
constant static load in oxygenated high purity BWR and BWR water containing 50 �tg/kg
chloride and in oxygenated VVER water.

6.3.2 Effect of environment

As already stated, see chapter 62.6, additional high sulphate content in BWR water did not
enhance the crack growth rate under cyclic load. The same is true for static load. In the rele-
vant range of stress intensity crack cessation occurred in all cases even at a sulphate concen-
tration corresponding to Action Level 3 of the EPRI Water Chemistry Guidelines.

Enhanced oxygen content in VVER water of 200 gg/kg led to continuous crack growth in
C(T)25 specimens of material D when the mode of loading was changed from cyclic to static
load even at stress intensity factors slightly below 60 MPa�m. This behaviour was not ob-
served in tests with C(T)50 specimens under similar conditions. Even at stress intensity fac-
tors of up to 90 MPa4m, C(T)50 specimens showed immediate crack cessation. The results
show at least that the smaller specimens tend to provide more conservative results. Since the
applied stress intensity factors were partly in a range where the criteria for LEFM are ex-
ceeded for both specimen sizes, it may be considered that both EAC processes strain induced
corrosion cracking and stress corrosion cracking may have been acting in the C(T)25 speci-
mens of material D in combination with some load fluctuations during the phase of static
load. A significant number of regions showing intergranular fracture were observed in mate-
rial D that might be a specific feature of this particular heat and may not necessarily be a
characteristic feature of this type of steel.

Clear evidence of crack growth under static load was obtained from tests with materials A and
B when introducing a chloride transient. According to the chloride content, the conditions
corresponded to Action Level 2 of the EPRI Water Chemistry Guidelines but the electrical
conductivity was still in the range below Action Level 1. Crack initiation occur-red during the
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phase of static load after a relatively short incubation time of 3 h and 32 , respectively, com-
pare chapter 62.7 of this report. The crack growth rate da/dt significantly exceeds the Dispo-
sition Line DL 2 see Figure 18. For material A at a stress intensity factor of about 55 MPa4m
a crack growth rate of 1.8-10-8 m/s 570 mm./a) was determined. Material showed a longer
incubation time and lower crack growth rate under static load of 25-10-9 m/s (80 mm/a). De-
tails are already shown in chapter 62.7 and Figure 15 and 16. After returning to high purity
water, a decreasing tendency of the crack growth rate with some delay was observed indicat-
ing a kind of "memory" effect due to the residence time of the chloride ions in the crevice.

Figure 18 shows also crack growth rate data of material D, tested in oxygenated VVER water,
although the Disposition Lines should only be considered with regard to BWR water condi-
tions. This comparison, however, displays the only case for which crack growth under static
load was observed in the Russian type steel D at moderate stress intensity factors.

6.3.3 General conclusions from static load tests

For the assessment of te EAC behaviour of thick walled components, which fulfil the LEFM
criteria under operational load, crack growth rates from experiments with specimens fulfilling
the same criteria may be transfer-red without ftirther consideration. Consequently there is no
concern with respect to EAC under static load for te investigated typical RV base materials
up their individual linear elastic limit load for plane-strain conditions (e. g. 46 MPa 4m for
C(T)25 specimen of material A). Even for stress intensity factors up to 57 MPa 4m, which is a
slight overload based on LEFM criteria from ASTM E 399, crack growth was not observed in
base materials A and B, which complies with the BWR VIP-60 Disposition Line DL I for
steady state operation.

The use of crack growth rates from clearly "overloaded" specimens is also possible, since they
are conservative, however tis may create overconservatism. For component assessment it has
to be clarified whether this data have to be considered in relation to the stress state of the
component.

Regarding the range of stress intensity factors below 57 MPa4m there were only a few cases
of continuous crack growth under static load, which are summarised in Figure 18:

• During the chloride transient applied to material A and crack initiation and con-
tinuous crack growth occurred in the phase of static load

• Continuous crack growth after changing from cyclic loading to static load was ob-
served in high purity BWR water in case of the HAZ of the joint weld of material

• It should also be noted that rates for continuous crack growth observed in oxygenated
VVER water in case of material D exceed the current BWRVIP-60 Disposition Line

All other tests performed in this stress intensity range showed immediate crack cessation
when changing from cyclic to static load

7 Consequences for practical application
The CASTOC project, supported by the present state-of-the-art knowledge on EAC, as given
more insight into both the phenomenology and the acting mechanisms on corrosion cracking
in BWR and VVER water environment and the effect of transients. However, due to the lim-
ited number of tests in this complex field critical thresholds for the effect of single parameters
could not be established in a satisfactory way in all cases. There are some effects which now
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are well understood, some for which a tendency in material behaviour could clearly be recog-
nised and some for which no clear trends could be established.

Items well understood:

• crack growth under cyclic load and effect of frequency and periodic partial
unloading (load transients)

• crack growth and crack cessation under static load
• crack growth in combination with transients in BWR water chemistry caused by

addition of sulphates and chlorides

Items for which a tendency in material behaviour could clearly be recognised:

• effect of oxygen in VVER water environment
• behaviouroftheHAZofajointweld
• effect of specimen size

Items for which no clear trends could be established:

• effect of temperature
• behaviour of surface cracked tension specimens without and with austenitic

stainless steel cladding in conjunction with different water flow rates
• effect of stress state outside the range of LEFM

Nevertheless, regarding the application of the results from the CASTOC project for the as-
sessment of components in LWRs, the following aspects shall be considered:

• Low alloy steel base materials for RPV application revealed resistance to crack
growth under constant static load up to stress intensity factors of about 60 MPa4 in
BWR and VVER non-nal water chemistry. The proposed BWRVIP-60 Disposition
Line for steady state conditions was essentially confirmed for base materials.

• The observed crack growth behaviour is consistent with plant experience in general,
and especially in those cases, where austenitic stainless steel cladding is not applied
or was removed deliberately or by chance. Examples for such incidences are:

• nozzles in some BWR plants in Europe (e.g. Switzerland) and in the U.S.A.,
which are without cladding

• nozzles in PWR plants in Germany with partially removed cladding
• uncladded RVs in some VVER plants

• Under certain environmental and material conditions, however, experimental results
from tests performed under static load give reason for a more careful consideration of
the assessment of components. The screening experiments of this project revealed
crack growth under constant load for the following conditions:

• heat affected zone of the joint weld of material A
• material D in oxygenated VVER water
• materials A and during environmental transient with chloride
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• The proposed BWRVIP-60 Disposition Line DL I for crack growth under steady
state conditions was essentially confirmed. With respect to the Disposition Line
DL 2 for transients in load, however, further consideration is recommended based
on the results of this project.

• The project has clearly shown that different laboratories can achieve similar results
(e.g. da/dt) or at least similar trends (e.g. da/dN). The scatter in the case of da/dN
observations were mainly attributed to inbomogeneities in te tested material in
combination with rather small crack increments in some cases, which lead to higher
uncertainties in the crack growth rate data. The crack increments during the test pe-
riods from which da/dN data are displayed in the Figures range from about 30 m
to more than I 00 gm in some cases.
However, based on data which are considered to be reliable with regard to te re-
quirements for measurement accuracy (crack advance Aa > 02 mm, see Figure I
and 2 the project has revealed the general trend that the existing prediction curve
presented in the ASME Boiler and Pressure Vessel Code, Section XI, Appendix A
for da/dN assessment of existing flaws in low alloy steels may not be conservative
under specific conditions, e.g. low loading frequencies, since the observed crack
growth rates at low frequency cyclic loading exceeded the maximum rates of the
Code. In contrary to that, the curves provided in the ASME Code case 643 for PWR
water environment cover fairly well the data obtained in VVER environment for
Russian type steels even at increased oxygen content.

• Care has also to be taken concerning the transferability of data to service compo-
nents. The applicability as to be checked and proved with respect to material, me-
chanical, chemical/electrochemical and stress state aspects.

The CASTOC results have provided an important contribution to the understanding of crack
growth behaviour on the one band as a function of time and on the other hand as a conse-
quence of the number and height of loading events. This is an important key for the evaluation
of transient events, which may occur in a plant.
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Abstract

It is well known that thermal ageing of steels can be caused by the segregation of phosphorus

(P) and carbon (C) to grain boundaries. Atomistic Monte Carlo simulations of the diffusion of P

and C to grain boundaries in bcc iron will allow, if validated, predictions of the time-dependent

segregation. Simulations of the Fe-P-C system are presented, where the diffusion of Fe and P

is realized via a vacancy mechanism and the diffusion of C is realized via an interstitial mech-

anism. Time-dependent segregations have been simulated for different temperatures and start

conditions and are found to follow Johnson-Mehi-Avrami laws. A comparison of the simulation

results with available AES (Auger Electron Spectroscopy) data shows close agreement with

respect to P segregation. In simulations starting with a pre-filled grain boundary an increase of

P and a decrease of C in the grain boundary are found where the decrease of C proceeds sig-

nificantly faster than the increase of P for any temperature. The temperature-dependent ratios

of the different speeds of P- and C- segregation, due to their different diffusion mechanisms,

are calculated as a result of the simulations.

Keywords: segregation; grain boundaries; diffusion; thermal ageing; Monte Carlo simulation;

carbon; phosphorus.
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1 Introduction

The classical description of thermal segregation was developed by McLean [McL] in 1957 and

consists of two main results. The first one is the McLean isotherm, the equation for the thermal

equilibrium concentration in a grain boundary by a segregating element, cgb(OO), at a given

temperature, T:

Cgb (00) Cb - AFe-exp g
I - Cgb(00) 1 - Cb kT

where Cb is the bulk concentration, ,,g is the free energy of segregation and k is the Boltz-

mann constant. The second one is the equation for the time-dependent concentration in a

grain boundary, gb(t), which starts from some initial value Cgb(O) and approaches C9b(OO at

long ageing times:

= Cgb(t) Cqb(O) exp(w 2)erfc(w), with (2)
Cgb(OO) Cgb(O)

2Cb'lDt (3)
Cgb(oo)d

where D is the diffusion coefficient and d is the grain boundary width.

Barashev [Bar] analyzed the master equation for the occupancy of sites in a one-dimensional

solute atom diff usion problem and has shown the equations (1) and 2) to be valid in the limiting

case of small segregation levels only. In the other limiting case of high segregation levels

(Cgb(00) -� 1) he obtained the equation

VD,
Cgb Cgb () + 4Cb (4)wd2

and for intermediate segregation levels he investigated the master equation numerically.

Detailed predictions of segregation on the basis of these equations are difficult as they require

an a priori knowledge of either c9b(OO) or ,,,, also they rely sensitively on some uncertain

variables like the grain boundary width d and on diffusion coefficients.

For this reason, the effort to perform atomistic simulations of the diffusion of atoms to grain

boundaries is justified. These simulations will, if validated, allow to predict time-dependent

segregation levels and c_b(OO) will be a result of the simulation.

In the following, the atomistic kinetic model, the simulation results and a comparison of the

results with available experimental Auger Electron Spectroscopy (AES) data are presented.
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2 Kinetic Model

2.1 General

We describe the kinetics in the system Fe-P-C on a fixed bcc lattice with two different diffusion

mechanisms by the following model:

• The diffusion of Fe and P atoms runs via a vacancy mechanism, which means that a

vacancy and a nearest neighbour atom exchange their positions due to thermal activation,

see Figure .

• The diff usion of C atoms runs via an interstitial mechanism. A thermally activated C atom

jumps from an octahedral position to a nearest neighbour octahedral position [Haa], see

Figure 2.

The grain boundary is treated as an adjustable sink (or source) for P and C atoms. The 'sink

intensity' (or 'source intensity') can be varied by the choice of the attempt frequencies and

activation energies of P and C atoms which are located inside the grain boundary. The notation

used in the physical modelling is given in Table .

0 vacancy

Fe atom

P atom

Figure 1: Vacancy mechanism: An atom (Fe or P) and a vacancy exchange their position.

bcc lattice site
I T, o octahedral site

0
0 Carbon atom

Figure 2 Interstitial mechanism: A carbon atom jumps from an octahedral site to a first nearest

neighbour octahedral site. The figure illustrates a typical path through the crystal.

Atom type A B C D E

Material Fe P in matrix P in grain boundary C in matrix C in grain boundary

Table 1: Notation used in the physical modelling
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2.2 Detailed description of the kinetic model

2.2.1 Vacancy mechanism

The jump rates rAV for an A atom, rBV for a atom and ]Pcv for a C atom for a jump via the

vacancy mechanism are given by:

rAV VA eXP AEAV (5)
( U

rBV = B exp AEBV (6)
( kT

rcv == vC exp AEcv (7)
(- 

The aempt frequencies vx, X E A, B, C1 are assumed to be independent of the local alloy

compositions, and the activation energies AExv to perform a jump is the energy difference

between the stable position and the saddle point position of a diffusing atom A, or C, which

is situated next to the vacancy (V), see Figure 1. The activation energies strongly depend on

the local atomic arrangement of first and second nearest neighbouring atoms. AExv depends

on the saddle point energy Espx, on the interatomic energies of the first 6(1 ) and second-XY

nearest neighbours (E (2) ) of the X atom (including interstitial atoms on octahedral sites) and onXY

the interaction energies of the nearest neighbours of the vacancy, see Figures 3 and 4.

ESpA ESpB

W

Distance

A atom 0 atom 0 Vacancy

Figure 3 Schematic representation of activation energies AExv and saddle point energies

Espx, X E A, B) for a jump of a lattice atom into a vacancy. The activation energies are

not constant, but strongly depend on the local atomic configuration which is described by pair

interaction energies, see Figure 4.
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----------------------------- ----
------------ ----------------

6 '.

to ------------------ ----------- 0
(2)

EAB

Oi

0 Vacancy

A atom (Fe)

B atom (P)

D atom (C)

Figure 4 Interaction energies in the body centered cubic (bcc) crystal lattice

=ESpA

AEAV(n(i) MM (1) (1) (2)XY �VA + ICAV + Zi - I)EAA Z26AA 

n(i) (1) (1) (1) (1) (1) (1) (1) (1) (1)
AACAA - nABCAB nAC6AC - nADCAD nAECAE 

(2 2 _ (2 2 (2 2 _ (2 2 (2 2)
nAA6AA nABCAB nAC6AC nADCAD nAECAE 

(1) (1) (1) (1) (1) (1)
nAVCAV - nBVCBV - nCVCCv (8)

=ESpB

A-EBV(n(i) LM (1) + 60) + (z, - I)CM + Z2E (2)XY `IVB + (ZI - 1)CAV BV AB AB

n(l CM n(l) CM 4) CM n(l) CM n CM -
AB AB BB BB BC BC BD BD BE BE

(2) (2) (2) (2) (2) (2) (2) (2) (2) (2)
nABEAB nBBEBB nBCEBC nBDCBD - nBE6BE 

n () (1) (1) (1) (1) (1)
AVCAV - nBVCBV - CV6CV (9)

=ESPC
AOCV (n(i) + (z, - 1)E (1) (2)

xy + IC + (zi - J)E +AEg'
AV Cv AC Z26AC cohC

n(l) CM n(l) E(1) n(i) CM n(l) () n(i) ()
AC AC BC BC cc cc CDCCD CECCE

n(2)C (2) n (2) f(2) n (2)f(2) n (2)C (2) n (2)C(2)
AC AC BC BC cc cc CD CD CE CE

n(l) CM n(i) () 4 CM (10)
AV AV BV6BV Cv Cv
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In equations (8)-(10) the saddle point energies Espx are determined from the vacancy mi-

gration energies Em and were arranged for the case of dissolved and C atoms. TheseV'X

equations were obtained by counting the corresponding bonds of an A, or C atom embed-

ded in a matrix of pure A atoms, with z = the number of nearest neighbour sites in a bcc

lattice, and Z = 6 the number of second nearest neighbour sites in a bcc lattice; and adding

the corresponding vacancy migration energy. The occupation numbers n i = 1 2 denoteXY

the number of XY bonds to the i-th neighbours in the local atomic arrangement, and n () areXV

the numbers of XV' bonds with the nearest neighbours of the vacancy. The term AE-lbcohC

represents cohesive energy of C atoms in the grain boundary.

2.2.2 Interstitial mechanism

The jump rates ID for a D atom and FE for an E atom for a jump from an octahedral site to a

free nearest neighbour octahedral site are given by:

rD = VD exp AED (11)

kT

rE = vE exp AEE (12)
kT

The activation energies AEx, X E ID, E} strongly depend on the local atomic arrangement of

first and second nearest neighbouring lattice sites. They depend on the constant saddle point

energies Espx and on the interatomic energies of the first and second-nearest neighbours (bcc

and octahedral sites) of the atom, see Figure :

bcc lattice site

o octahedral site

0 Carbon atom

first neighbours of

second neighbours of

W e

Figure 5: A carbon atom possesses six first nearest neighbour sites (where two of them are

regular bec lattice sites and four are octahedral sites) and twelve second nearest neighbour

octahedral sites.
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BS"D

AED (n(i) EM + 2c(i) + 4E (2)
XY D AD AD

(1) (1) (1) (1) (1) (1) (1) (1) (1) (1) -
nADCAD nBDEBD nCDCCD - DD6DD - nDEEDE

n (2)6(2) _n(2)E(2)_ n(2) FE (2 _ (2)E(2) _n (2)C (2) (13)
AD AD BD BD CD CD DD DD DE DE

ES,,E

A.EE (n M EE + 2E + 4c (2) +AEg' -XY AE AB cohE

nAECAE nBEEBE nECCE - DE6DE - n,,E, -

n (2)E(2) n(2)E(2 _(2) (2) _n (2)E (2) _ n(2)E(2) (14)
AE AE BE BE CE CE DE DE EE BE

The saddle point energies Espx, X E ID, E} are determined from the interstitial migration

energies Exm and their equations were arranged for the case of dissolved D and E atoms.

These equations were obtained by counting the corresponding bonds of an interstitial D or E

atom embedded in a matrix of pure A atoms, with I = 2 the number of nearest neighbour sites

on the bcc lattice, and 6 = 4 the number of second nearest neighbour sites on the bcc lattice;

and adding the corresponding interstitial migration energy. In the equations for the activation

energy of a D or E atom n(') is the number of XY bonds to the i-th neighbours; in the localXY

atomic arrangement, while the term AE-Q6 represents cohesive energy of E atoms in thecohE

grain boundary.

2.3 Parametrisation of the kinetic model

This section is focussed on the calculation of the simulation parameters, namely all interatomic

energies, the migration energies, the vacancy concentration and the attempt frequencies. The

used material data are listed in Table 2 and as a result of this section the herewith calculated

simulation parameters are summarized in Table 3.

2.3.1 Vacancy mechanism

(i = MIn the present simulations a so called symmetrical model was applied, i.e. EAA EBB = CC Z 

11, 21. The energies c(i) and c (2) were estimated from the cohesive energy of material A. WithAA AA

z = 8 first-neighbour lattice sites, andZ2 = 6 second-nearest neighbour sites on a bcc lattice,

the following equations hold:

Z1 (1) Z2 (2)
EcohA = - -6 -AA (15)

E.hB = -Zi E(1) _ Z26(2) (16)
2 BB 2BB

EcohC = -'Z1 E(1) Z 2 (17)
2 cc 2 "cc
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Using the assumption EM = E(1) 2, X, Y A, B, C1, i.e. the pair interaction energies withXY XY

the second-nearest neighbours are half of the pair interaction energies with the first-nearest

neighbours, which is justified by the shape of atom pair potentials [Soi2], EM andE (2) can be
AA AA

calculated from equations 15)-(17):

(1) -4E.hA (2) -2EwhA
"AA 6A - (18)2z, + Z2 2z, + z2

(1) -4Ec,,hB (2) -2EhB (19)

"BB 2z, + Z2 EBB 2z, + Z2

(1) -4E.hC (2) -2E,.hC

6CC 2z, + Z2 Ebb 2zI + Z2 (20)

The energies ) , W () i C f 1 21 are related to the mixing energies WAB, WAC, WBC,AB EAC EBC7 which

are defined as:

WAB = z' E(1) + c(l) - 2,5(l) Z 2 6 (2) _ ,(2) (21)
AA BB AB) - (6AA BB -- ABI2 2

WAC = z' (c(1) + E(1) - 2E(l) Z 2 E(2) - 2E (2) (22)
AA cc AC) -(6AA CC AC2 2

WBC = z' (c(l) + e(l) - 2E(l) + Z2 E(2) + 2) - 2e (2) (23)
2 BB cc BC 2 BB cc BC

Thus, the energies ) W () i C 1 21 can be calculated:AB CAC 6BC) I

(1) (1) 4WAB (2) 1 (2) (2) 2WAB
6AB - EAA EBB EAB - 6AA EBB (24)

2 2z, + Z2 2 ( 2z, + Z2

1 4WAC (2) 1 (2) (2) 2WAC
tAC - CAA+E CA - EAA+c (25)

2 cc 2z, + Z2) c 2 ( cc 2z, + Z2

1 (1) 4WBC (2) 1 (2) (2) 2WBC
"BC - EBB + E 6B - EBB+6 (26)

2 ( cc 2z +z2) c 2 cc 2z, + Z2

The energies c(i) (1) (1) FAV EBV and V are related to the vacancy formation energies E as [Soil]:

- 1 (EF A - EhA) (27)'�AV - VIZ1

CBV �VB - EwhB) (28)
ZI

_(1) ppF C
F-CV J�:/V' - EohC) (29)

ZI

The vacancy migration energies Em Em and Em were obtained using diffusion data andVA VB V'C

assuming an Arrhenius law for the diffusion coefficient D:

D with Q = EF + Evm (30)
kT VDoexp Q)

where Do is the diffusion constant. The vacancy concentration cv in the steel was calculated

via the equation [Ber]:

SVF, A -EvA
CVreal= exp - . exp (31)

k kT
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where SVA denotes the vacancy formation entropy (typical constant values for S'A are I k up

to 7 -k [Ber]). and EVA denotes the vacancy formation energy in iron. The attempt frequencies

wereestimatedusingtheDebyefrequencyvFe ofpureiron[Lanl3]:Debye

Fe
VA = VB = VC = bebye- (32)

2.3.2 Interstitial mechanism

The first-nearest neighbour distance for two carbon atoms on octahedral sites is given by (a/2),

while the second-nearest neighbour distance is (-v/'2a/2). For these distances the carbon-

carbon interaction energies were assumed to be

C(l = = ' = 0.2eV, 6(2 =(2) _E (2) 0. 1 eV (33)
D D D E E E D D DE EE 

For the calculation of the remaining interatomic energies the following assumptions turn up

physically applicative:

C(i) = f(i) i C 11, 21 (34)
AD AE

6(i) = C(i) (i) M i E 1 21 (35)BD BE 6CD � 'ECE I I

The energies ) and describe the interaction between Fe-C and P-C. These interactionAD BD

energies can be seen as important simulation parameters which change the kinetic behaviour

of Fe and P atoms when one or more of their neighbours are C atoms. Similarly the kinetic

behaviour of the C atoms is changed by neighbouring P and Fe atoms. We used the values

(1 = 0.06 eV, E (2) = _ 0.03 eV, Em = 0.06 eV, E (2 = 0.03 eV (36)EAD AD BD BD

The migration energies Em and Em were obtained using diffusion data, assuming an ArrheniusC D

law:

kT with Q = Em (37)

The attempt frequencies for a D and E atom were estimated using the diffusion constant Do

of carbon in iron and the jump width (a/2) for an interstitial jump to a first-nearest neighbour

octahedral position.

VD = E Do (38)
(a/2)2
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Cohesive energy A E�ohA 4.28 eV [Kit]

Cohesive energy EcohB 4.28 eV Symmetric model

Cohesive energy C E�ohC 4.28 eV Symmetric model

Mixing energy AB WAB -0.10 eV Adjusted to solubility limit

Mixing energy AC WAC -0.10 eV Adjusted to solubility limit

Mixing energy BC WBC -0.00 eV Because of same atom types

Vacancy formation energy A El 1.60 eV [Lan25], [Lan26]VA

Vacancy formation energy EvB 1.60 eV Same as for Fe in the matrix

Vacancy formation energy C E F 1.60 eV Same as for Fe in the matrixVC

Vacancy migration energy A El 1.20 eV Calculated with [Lan261VA

Vacancy migration energy El 0.80 eV Calculated with [Smi]
VB

Vacancy migration energy C Ev�c 0.80 eV Calculated with [Smi]

Migration energy D EX 0.83 eV [Smi]

Migration energy E Em 0.83 eV [Smi]

Cohesive energy in gb, C AE9.hIC 0.54 eV [Fau]

Cohesive energy in gb, E AEghE 0.829 eV [Fau]

Lattice constant a 0.287 nm [Kop]

Diffusion constant A DA 2.01 .1 0-4 M2 /S0 [Smi]

Diffusion constant DB 2.90 .1 0-4 M2 /S0 [Smi]
Diffusion constant D DD [Smi]

0 6.20 . 07 M2 /S

Table 2 Material data

(1) -0.778 eV c(2) -0.389 eV
AA A A

CO) -0.778 eV e(2) -0.389 eV (1)
BB BB EAV -0.335 eV

E(1) (2) (1)
cc -0.778 eV cCC -0.389 eV EBV -0.335 eV

CO) -0.200 e 6(2) -0. 1 00 eV E(l) -0.335 eV
DD DD Cv

CO) -0.200 eV E(2) -0. 1 00 eV ESpA -9.262 eVEE EE

(1 f(2)
EA) -0.769 eV -0.385 eV ESPB -9.571 eV

B AB

E(1) -0.769 e f(2) -0.385 eV Espc -9.031 eVAC AC , I

r(1) -0.060 eV E(2) 0 eV AE9'hCAD AD 1 -0.03 0.54 eV
(1) (2)

EAE -0.060 eV cAE -0.030 eV AAY�ohE 0.829 eV

C(l) -0.778 eV E(2) -0.389 eV ZIA 8.70-1 012 S
BC BC

(1) +0.060 eV E(2) +0.030 eV VB 8.70-1 012 1 /SEBD BD

CO) +0.060 eV e(2) +0.030 eV VC 8.70-1 012 S
BE BE

(1) +0.060 eV 6(2) +0.030 eV VD 3.01 _1013 1/SECD CD

f(1 +0.060 eV E(2) +0.030 eV VE 3.01 .1013 1/S
C CE

(1) -0.200 eV c(2) -0.1 00 eV
DE DE

Table 3 Simulation parameters
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3 Algorithms

3.1 Vacancy mechanism and time scale

For the vacancy mechanism part of the simulations, a rejection-free residence-time-algorithm

is applied, which shows significant calculation time advantages in comparison to a standard

Metropolis algorithm. Eight nearest neighbours surround the vacancy. A jump rate i now

calculated for each of these eight atoms depending on the atom configuration of their first and

second nearest neighbours. This provides eight generally different jump rates F1, 2, ---, r-

One of these eight possibilities is now selected on the basis of its probability by a random

number and the site change is then performed. The total number of performed vacancy jumps,

also denoted as Monte Carlo Steps (MCS), during a simulation was 90 - 0 1 1.

In order to define a time scale, the averaged residence time was used which is given by:

8

tA/.fc � Eri (39)
i=1

However, the different vacancy concentrations in the simulation 1/(2LLyL,) ] and in

reality we used the adaptation cv,,,,, = 972 exp(-E Fl(kT)) have still to be correlated. InV

order to obtain the time t, the Monte Carlo time tmc is multiplied by a time adjusting factor:

= :=re a I )- WC (40)

The thus calculated time scale is sensitively dependent on the applied interaction energies and

attempt frequencies. Therefore, the calculated time periods for the simulation results have to

be considered with some care. In any case, the thus calculated time is directly proportional to

real time. The vacancy mechanism algorithm is based on a code which was developed earlier

in order to simulate Cu precipitates in steels, see [Soil], [Schm] and [Bin].

3.2 Interstitial mechanism

For the interstitial mechanism part of the simulations a combination of a residence time algo-

rithm and a Metropolis algorithm was applied. A carbon atom on an octahedral position has

six nearest neighbour positions, four of these six positions are octahedral positions, the other

two are occupied positions on the regular bcc lattice, see Figure 5. If these four octahedral

positions, nearest neighbours of a C atom, are not occupied by other atoms, then the C atom

has four different possibilities to perform a jump. A jump rate is calculated for each of these

four possible jumps depending on the atomic configuration of their first and second neighbours.

This provides four generally different jump frequencies P', ip' r' . One of these four possibil-

ities is selected on the basis of its probability by a random number and the site change is then
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T 107� K --------------
T = 973 K
T = 873 K ..............
T = 773 K -----------

T 1 K

0.5 ...... ..

0

-0.4 -0.3 -0.2 -0.1 0 0.1 0.2 0.3 0.4
AU eV

Figure 6 Acceptance probability P,, for different temperatures versus energy difference AU:

An energetically advantageous interstitial jump (AU < ) is performed with acceptance prob-

ability P,,, = 1. The acceptance probability to perform an energetically unadvantageous jump

(AU > ) is given by P.. = exp(-AU/kT) and increases with increasing temperature.

performed with the acceptance probability P,,, given by the Metropolis function [Bind]:

I : AU < 

Pacc exp(-AU) : AU > (41)
kT

where AU = Unw - Uold is the energy difference between the new and the old position of

the atom, see Figure 6 If one or more octahedral positions, nearest neighbours; of a C atom,

are occupied by other atoms, then the number of possible jumps is reduced. The algorithm

accounts for that fact. If all octahedral positions which are nearest neighbours of a C atom are

occupied by other atoms, a jump is rejected.

4 Simulation results

4.1 Simulationsstartingwithan'empty'grainboundary

Simulations have been performed for T = 773 K, 873 K, 973 K and 1073 K, since for these

temperatures experimental AES segregation data for comparison are available. The chemical

composition of Fe, P and C in the simulations were chosen equal to the experimental composi-

tion and are listed in Table 4 The volume used in the simulation is a long rhombohedron while

the grain boundary is located in the middle of the long axis.
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t h Monte Carlo steps (MCS)

I N , 6
gll wozwRto me" I 

t h 8.5-10'0 Monte Carlo steps (MCS)

t =10 h 788-10" Monte Carlo steps (MCS)

Figure 7 Three states of the simulation system for T = 873 K at the times h h and 10

h. Starting with a random distribution of P and C atoms the grain boundary fills with P and

C atoms, while a bleaching of P and C atoms occurs in the region near the grain boundary

(red: P in matrix, yellow: P in grain boundary, green: C in matrix, blue: C in grain boundary,

transparent: Fe).

VAIVMAMATA�0-1=01

ROO I

t = t = I h t = 1 h

Figure 8: Magnified view of the grain boundary region. After h the grain boundary is filled with

16.8 at.% P atoms, and after 10 h the grain boundary is filled with 37.6 at.% P atoms (colours

as in Figure 7 C atoms in the grain boundary have a tendency to form clusters.
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-1.79512e+07

-1.79512e+07

-1.79513e+07 ... ..... ... ... .-

-1.79514e+07

W
'F5 -1.79514e+07
0

-1.79514e+07 .. .. ... ..... .

-1.79515e+07
0 5 10 15 20

Time t / h

Figure 9 Total energy of the simulated system for T = 873 K. At the beginning minimisation of

energy proceeds fast, then the curve slowly converges towards the minimum.

For T = 873 K the rhombohedron is of the size 64 x 512 x 64 lattice constants (1 8 nm x 147

nm x 18 nm) while for the other temperatures a size of 32 x 512 x 32 lattice constants 9 nm

x 147 nm x 9 nm) was used in order to reduce computing time. In order to avoid boundary

effects, periodic boundary conditions are used on all surfaces. The rhombohedron is thus to be

imagined as continued periodically in x, y and z direction. If any atom leaves the rhombohedron

through one side, it enters the rhombohedron through the opposite side at the same position.

At the beginning of the simulation, the Fe and P atoms are randomly distributed on regular bcc

lattice sites, and the C atoms were randomly distributed on octahedral positions.

Element: C P Fe

wt.% 0.002 0.058 99.94

at.% 0.0093 0.104 99.89

Atomic mass [Kop] 12.01 30.97 55.85

Atoms in simulation (64x512x64 system) 385 4307 4189996

Atoms in simulation (32x512x32 system) 97 1077 11047498

Table 4 Material composition in the simulations starting with an'empty'grain boundary.

Figures 7 and show three snapshots of the simulation system for T = 873 K. The grain

boundary fills with P and C atoms, while a bleaching of P and C atoms occurs in the region

near the grain boundary. While P fills the grain boundary nearly randomly, C has a tendency to

form small clusters in the grain boundary.
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Figure 1 0: Time-dependent P segregation for T = 873 K. The simulated P segregation follows a

Johnson-Mehl-Avrami (JIVIA) law and converges towards the value cP = 0417. The simulated9b

curve lies between the lower limiting case given by McLean theory [McL] and the upper limiting

case given by Barashev [Bar] for cb -� 1. A comparison between the simulated segregation

level JIMA law) and AES data 20 h, 873 K) shows close agreement.

The total energy of the simulated system is plotted in Figure 9 At the beginning of the

simulation the minimisation of energy proceeds fast, at later times the energy slowly converges

towards the final minimum value while some fluctuations are observed.

As a main result the function Z was found to perfectly follow a Johnson-Mehi-Avrami JIMA) law

in all simulations:

Cgb(t - Cgb(O)
z __ exp (42)

Cgb(OO - Cgb(0) T

Therefore the equations for the time-dependent P and C concentations in the grain boundary

can be written as:

9b 1 - exp t n�) (43)
CP M = Cpb(o) + (pb(00) gpb(O)) ( _TP

I - exp (44)
FCC�bm = C�bm + Cgb(OO) C�bm) f- t YI)

The time-dependent P segregation for T 873 K is shown in Figure 10. The simulated P

segregation follows a JMA law [Joh] with n 0.6667 andT= 27427 h and converges towards

the value cP (oo = 0417. The simulated curve lies between the lower limiting case given bygb
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Figure 1 1: Time-dependent P segregation for T = 773 K, 873 K, 973 K and 1073 K plotted

versus a logarithmic t-axis. The simulated P segregations follow a JMA law with parameters

given in table 5. The equilibrium P concentration in the grain boundary, P (oo), increases withgb

decreasing temperature, and the time to reach equilibrium significantly increases. Simulated

and experimental AES data were obtained independently and show good agreement.

McLean theory [McL as

Cqb(t) = Cgb(O) + (Cgb(OO) - Cgb(O)) (1 - exp(w 2)erfc(w)) , with (45)

= 2Cb-V'Dt (46)
C-qb(oo)d

and the upper limiting case given by Barashev [Bar] for egb 4 :

FDt (47)
Cgb(t = C.9b(O) + 4Cb 2tird

where D is the diffusion coefficient and d is the grain boundary width. The values

CB = 000104, P (oo = 0417, d = 4 - a = 1.148nm (48)C�b

D with Q = E F + E"" (49)
kT V V= Do exp Q)

_ 10-4 M 2 - (1.6eV + 0.8eV)
= 2.01 exp (50)

k 873K

were used to calculate the upper and lower limiting cases in equations 45)-(47).

A comparison between the simulated P segregation (JMA law) and AES data 20 h, 873 K),

see [Jon], shows good agreement.

In Figure 1 1 the time-dependent P segregation for T = 773 K, 873 K, 973 K and 1073 K

is plotted versus a logarithmic t-axis. All simulated P segregations follow a JMA law with
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Figure 12: Comparison of simulation and AES data. For P, good agreement between the

simulated and the AES segregation data is found. For C the simulation yields nearly constant

low segregation levels, while the variation observed by AES is not reproduced in the simulation.

parameters given in Table 5. The equilibrium P concentration in the grain boundary, c (00) is9b

found to increase with decreasing temperature and the time to reach equilibrium significantly

increases with decreasing temperature. Simulated and experimental AES data were obtained

independently and show good agreement.

Temp. T / K cp P time t Sim. cP (t) AES for cP (t)'q5(0) n T hours cb ('O) gb gb

773 0.00061 06667 440.991 0.50018 1800 h 0.47 0.5 ± 0044

873 0.00061 06667 2.74274 0.41728 20 h 0.41 0.39 ± 0035

973 0.00061 06667 0.03792 0.30940 20 h 0.31 0.34 ± 0030

1073 0.00061 06667 0.00115 0.21698 20 h 0.22 0.31 ± 0027
L -1

Yable 5: SimuLtion results for P, prameter of the JMA I�w, comparison with ALS data.

In Figure 12 a comparison between the simulated and the experimental AES segregation is

shown. For phosphorus a good agreement between the simulated and the AES segregation

levels is found for all temperatures analyzed. For carbon the simulation yields nearly constant

low segregation levels, while the curvature observed experimentally is not reproduced in the

simulation. This is caused by the very small C concentration in the bulk. There are too few C

atoms in the simulation box and nearly all C atoms already moved to the grain boundary.

All Auger Electron Spectroscopy (AES) data were obtained by Jones et al. [Jon] and [Cor as

follows: AES has been used for the analysis of grain boundary fracture surfaces. Samples
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Figure 13: Time-dependent P concentration profile for T = 873 K. At t = the simulation starts

with a random distribution of atoms, this means a constant P concentration profile. At later

times a concentration gradient is observed and the fitted P concentration profile in the matrix is
of the form c' (x = c.(xo) + (c.(oo - c�(xo) - 1 - exp(-b - (x - xO) 1)), where cP (x) is the

M M

P concentration in the matrix (m), xO is the position of the grain boundary go), and (x - xO is

the distance to the gb.

were fractured at low temperatures to give a brittle fracture surface. Auger analysis was ap-

plied on opposite intergranular cleavage facets, for details see [Jon]. As a further result of the

simulations the time-dependent P concentration profile in the matrix is plotted in Figure 13.

4.2 Simulations starting with a pre-filled grain boundary

Simulations have been performed for T = 473 K, 513 K, 573 K, 673 K and 773 K. The

initial material composition is summarized in Table 6 These simulations enable long-term

predictions of P and C concentrations in the grain boundary.

Element C in matrix P in matrix Fe in matrix C in go P in go

wt.% 0.003 0.120 99.88 7.96 23.84

at.% 0.014 0.216 99.78 43.0 37.0

Atoms in sim. (32x512x32 system) .1 146 2269 1044258 881 758
Table 6 Initial material composition in the simulations starting with a pre-filled grain boundary.
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Figure 14: Time-dependent P and C segregation for T = 513 K plotted versus a linear t-axis.

At t = the simulation starts with a pre-filled grain boundary. The concentration of P in the

grain boundary keeps nearly constant during 108 h (it increases at later times), while the con-

centration of C in the grain boundary starts to decrease much earlier, due to fast C interstitial

diffusion.
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JMA law
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Figure 15: Time-dependent P and C segregation for T = 473 K, 573 K, 673 K and 773 K plotted

versus a logarithmic t-axis. At t = the simulation starts with a pre-filled grain boundary. In

all simulations an increase of P and a decrease of C in the grain boundary are found. For any

temperature the decrease of C proceeds significantly faster than the increase of P, correspond-

ing to the fast diffusion of interstitial C. The simulated P and C segregations follow a JMA law

with parameters given in Table 7.
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Figure 16: The rati T1-F1 is a measure for the different speeds of grain boundary segregation

of P and C e.g. for 200 OC the segregation of C is 10063 times faster than the segregation

of R The ratio -rPI-Fc significantly decreases at higher temperatures. This plot illustrates the

influence of temperature on the different speeds of P- and C segregation, due to their different

diffusion mechanisms.

In Figure 14 the time-dependent P and C segregation for T = 513 K is plotted versus a linear

t-axis. At t = the simulation starts with a pre-filled grain boundary. The concentration of P

in the grain boundary keeps nearly constant during 108 h (it increases at later times), while

the concentration of C in the grain boundary starts to decrease much earlier, due to fast C

interstitial diffusion.

In Figure 15 the time-dependent P and C segregation for T = 473 K, 573 K, 673 K and 773

K is plotted versus a logarithmic t-axis. At t = the simulation starts with a pre-filled grain

boundary. In all simulations an increase of P and a decrease of C in the grain boundary are

found. For any temperature the decrease of C proceeds significantly faster than the increase

of P, corresponding to the fast diffusion of interstitial C. The simulated P and C segregations

follow JMA laws (see eqs. 43 and 44) with parameters given in Table 7.

CTemp. T / K cp (0) n / s C, (00) C�5(0) n T / S (00)9b gb C�b

473 0.370 0.830 371345-1013 0.990 0.430 0.450 3.68990-109 0.020

573 0.370 0.830 2.33137-1011 0.980 0.430 0.450 1.26705-105 0.015

673 0.370 0.848 5.27568.1 04 0.970 0.430 0.450 5.12445-101 0.010

773 0.370 0.706 117023-1 0 2 0.945 0.430 0.500 130524-10-1 0.005

Table 7: Simulation results for P and C, parameter of the JIVIA laws.
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In Figure 16 the rati T1,T1 is plotted as a measure for the different speeds of grain boundary

segregation of P and C. This plot illustrates the influence of temperature on the different

speeds of P- and C segregation, due to their different diffusion mechanisms.

5 Summary

1. Atomistic Monte Carlo simulations of the diffusion of P and C to grain boundaries in bcc

iron have been performed for different temperatures and start conditions. The simulations

base on a successful atomistic modelling and parametrisation of the model.

2. As a result of the simulations the temperature- and time-dependent P and C segregations

are found to follow Johnson-Mehi-Avrami (JMA) laws.

3. In simulations starting with an 'empty' grain boundary the equilibrium P concentration

in the grain boundary, (oo), increases with decreasing temperature, while the time
qb

to reach equilibrium significantly increases. A comparison between the simulated time-

dependent P segregations and experimental AES data, obtained independently, show

good agreement. For carbon the simulation yields nearly constant low segregation levels

for all temperatures, in contrast to the AES data.

4. Simulations starting with a pre-filled grain boundary result in an increase of P and a

decrease of C in the grain boundary, while the decrease of C proceeds significantly faster

than the increase of R These results of the simulations confirm and extend experimental

AES results obtained for 240 "C. Furthermore the ratios of the different speeds of C- and

P-segregations have been calculated for a wide range of temperatures. The simulations

enable long-term predictions of the concentrations of C and P in the grain boundary.

5. Outlooking further simulations of P and C segregation appear to be promising. In addition

the atomistic modelling and the developed source code can be used for other material

combinations, simulating diffusion via a vacancy mechanism and an interstitial mecha-

nism simultaneously.
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ABSTRACT

ADIMEW (Assessment of Aged Piping Dissimilar Metal Weld Integrity) was a three-year collaborative research

programme carried out under the EC 5th Famework Prograrnme. The objective of the study was to advance the

understanding of the behaviour and safety assessment of defects in dissimilar metal welds between pipes representative of

those found i nuclear power plant.

ADIMEW studied and compared different methods for predicting the behaviour of defects located near the fusion

boundaries of dissimilar metal welds typically used to join sections of austenitic and ferritic piping operating at high

temperature. Assessment of such defects is complicated by issues that include: severe mis-match of yield strength of the

constituent parent and weld metals, strong gradients of material properties, the presence of welding residual stresses and

mixed mode loading of the defect. The study includes the measurement of material properties and residual stresses,

predictive engineering analysis and validation by means ofa large-scale test.

The parflcular component studied was a 453mm diameter pipe that joins a section oftype A508 Class 3 ferritic pipe to a

section of type 316L austenitic pipe by means of a type 308 austenitic weld with type 308/309L buttering laid on the ferritic

pipe. A circumferential, surface-breaking defect was cut using electro discharge machining into the 308L/309L weld

buttering layer parallel to the fusion line. The test pipe was subjected to four-point bending to promote ductile tearing of he

defect.

This paper presents the results of TWI contributions to ADIMEW including: fracture toughness testing, residual stress

measurements and assessments ofthe ADIMEW test using elastic-plastic, cracked body, finite element analysis.

INTRODUCTION

Dissimilar metal welds (DMWs) are used in pressurised water reactor's to connect low alloy, ferritic steel components to

the austenitic stainless steel primary pipework. Particular concerns about the fracture behaviour of DMWs arise from the

presence of external surface cracks in the ferritic to austenitic interface. Assessment of such defects is complicated by issues

such as: severe mis-match of yield strength of the constituent parent and weld metals, strong gradients of material properties

due to the transition in metallurgical structure, the presence of welding residual stresses and mixed mode loading of the

defect.

ADIMEW (Assessment of Aged Piping Dissimilar Metal Weld Integrity) was a three-year collaborative research

programme carried out under the EC 5th Framework Programme (Ref. 1). The objective of the study was to advance the

understanding of the behaviour and safety assessment of defects i DMWs representative of those found in nuclear power

plant. Several European organisations participated in the ADIMEW project including: EDF (Project Co-ordiDator), CEA,

Frarnatome, JRGIAM Petten, Serco Assurance, TWI, VTT and the Bay ZoltAn Institute.

1 john.wintle�twi.co.uk (corresponding author)

2bridget.hayes�twi.co.uk

3martin.goldthorpe�twi.co.uk
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The ADIMEW project studied and compared different methods for predicting the behaviour of defects located near the

fusion boundaries of DMWs typically used to join sections of austenitic and ferritic piping operating at high temperature.

The study included the measurement of material properties and residual stresses, predictive engineering analysis and

validation by means of a large-scale test.

The ADIMEW participants used a range of techniques to predict the outcome of the tests. These included conventional

analysis methods such as the J-integral approach, the SINTAP assessment procedure (Ref 2 and more advanced techniques

using micro-mechanical models of material failure.

This paper presents the results of TWI contributions to ADIMEW including: fracture toughness testing of the buttering,

weld and Heat Affected Zone (HAZ) constituents of the DMW; residual stress measurements; and assessments of the

ADIMEW test using three-dimensional, elastic-plastic, cracked body, finite element analysis.

ADIMEW TEST ASSEMBLY, DEFECT CONFIGURATION AND LOADING

Test assembly

The overall geometry of the ADIMEW test specimen is illustrated in Figure 1. The central test section consisted of two

approximately 0.5 in long cylinders, each welded to a 4 n extension am of high strength steel. These arms were used to

apply a bending moment to the test section.

In the central test section of the assembly, a 453 mm external diameter and 51 mm thick section of type A508 Class 3

ferritic pipe was joined to a similar section of type 316L austenitic pipe. This attachment used a type 38L austenitic steel

girth weld with a V' preparation inclined at 25' to the normal to the pipe axis (Figure 2. The weld 'mock-up' was post-weld

heat-treated for four hours at 61 OOC.

Two dissimilar metal weld mock-ups were manufactured within the programme. The first, ADO 1, was cut-up to measure

welding residual stresses and provide small-scale specimens for measurement of tensile and fracture toughness properties of

the constituent parent steels, weld metals and associated heat affected zones. The second mock-up, ADO2, was used for the

actual test.

Defect Confl-guration

As illustrated in Figure 3 in weld mock-up AD02 a circumferential, surface-breaking, planar defect was inserted into

the type 309L/308L buttering layer between the main weld and the ferritic base material by means of electro-discharge

machining (EDM). The plane of the defect was parallel to the local fusion line and so inclined at 25' to the normal to the

pipe axis. The front of the defect was straight and lay within the layer of weld buttering at an axial distance of about 1. mm

from the fusion line between the buttering and the A508 pipe. The maximum depth of the defect (a...) was 17 mm, measured

normal to the pipe axis, or 18.76 mm measured from the middle of the defect mouth to the middle of the straight defect front.

The various dimensions and angles associated with the defect are given in Figure 3.

Loading

As shown in Figure 4 the test assembly was subjected to four-point bending in order to promote ductile tearing of the

defect� with the ferritic and austenitic sections of interest in the mock-up held at a temperature close to 300'C. The test

assembly was positioned in the loading rig to give equal ram displacements and loads on either side of the mock-up.
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R-CURVE FRACTURE TOUGHNESS TESTING

Scope of testing and test matrix

After some changes to the programme, TWI ai-ricd out a series of tests at 300'C to determine the ductile fracture

toughness of the constituent materials around the dissimilar metal weld and the location of the test defect. Table I shows the

test matrix and gives the identity numbers of the specimens.

ne test specimens were taken from the ADO] weld mock-up. Two blocks of material containing a length of the

dissimilar metal weld were supplied for the tests as follows:

• the window initially cut out of assembly ADOI (used for the first six tests in Table 1),

• an are after ADO] had been later sectioned and cut up (used for the final six tests in Table 1).

Specimen preparation and testing procedure

All specimens were designed and prepared according to the requirements of BS 7448 (Ref 3. Specimens were cut from

blocks supplied. Notches were cut into the specimens by EDM, and then the specimens were fatigue pre-cracked.

In specimens A24 and A2-2 the fatigue crack growth deviated from the line of the notch at an angle of 25' to 300,

veering away from the fusion line and fiirther into the buttering. This amount is beyond that specified in BS 7448 for a valid

specimen. The ADIMEW consortium discussed the best course of action and decided to side-groove the specimens from the

tips of the deviated fatigue cracks in order to increase crack tip constraint. The unloading compliance fracture tests would be

performed and analysed according to standard; even though the cracks were inclined to the principal axial bending stress.

However, the validity of the results would be questionable. It was also agreed that, in order to grow a straight fatigue pre-

crack, a procedure devised by Framatome should be followed in which a shallow side-grooves are machined before fatigue

pre-cracking and then deepened when pre-cracking is complete. A procedure given by GKSS and EdF was also adopted for

the preparation of the other specimens in order to limit the maximum force for pre-cracking. Fatigue pre-cracking proceeded

in two steps at different R ratios (0.1 and 07) in order to obtain a uniform crack front.

Test analysis

The measurements made during the tests were analysed using the method given in the standard BS 7448:Par 4 to

determine crack growth resistance curves in terms of J. This method is intended to apply to specimens with homogeneous

properties; whereas the ADIMEW specimens involve a combination of materials with distinctly different stress-strain

properties and Young's moduli.

'Eta' factors: The value of the 7 ('eta') factor that should be used in the computation of J for the ADIMEW dissimilar

metal weld specimens is a matter for on-going discussion. A 77 factor of 20 was used in the computation of the plastic

component of J, which is the value given in the standard as appropriate to homogeneous single edge-notch bend (SENB)

specimens. ;7 factors for mismatched welds (between common parent material) ave been discussed in a number of papers

during the past few years. In Ref 4 the factor was shown to be dependent on the weld strength mismatch value, as well as

the width of the weld and size of the uncracked ligament. In Ref. 5, Kirk and Dodds give a frmula for 7 for mismatched

SENB, specimens; stated to hold when the mismatch ratio of yield strengths lies between 0.5 and 13. For a crack depth to

width ratio of 0.5 the factor predicted by Ref. 5 is 27 compared with a value of 20 for a homogenous specimen.

Blunting line: To determine J at initiation of ductile tearing, a blunting line was used in accordance with BS 7448 Part

4. The line has a slope of 3.75R. where R. is the tensile strength of the material around the crack tip at the test temperature,

and intersects the crack growth axis at a = 02 mm. A value of R. of 441 MPa was used in the analysis of the BUFL, FLBu

and weld metal tests and 640 MPa for the CGHAZ test.

Resistance curves: The J versus a data for each test were processed to obtain best-fit curves through the range of

valid points according to BS 7448:Part 4 These were taken to be those points lying between the lines parallel to the blunting
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lines drawn through 01 nun andda.(10% of the ligament). A few data points that clearly did not form part of the general

population were excluded. A power law curve of the formJ=m+L(Aa)' was fitted to the valid data points of each est.'

Results for the buttering lave

The -R curve data for the specimens sampling the buttering layer are plotted together in Figure 5. Filled symbols

denote valid data, and open symbols are beyond the Aa validity limit. The curves fitted to the data within the a limits are

shown in the figure. Each curve has been extrapolated to indicate the trend. Table 2 lists the parameters m, L and x of the

curve fit. In most cases the intercept m was negative and therefore not strictly valid according to BS 7448:Part 4 This table

also shows for each test the initiation of stable crack growth, as defined by O.2, and gives the J obtained from the fitted

curves for different amounts of growth. As the curves were fitted only to valid data, they may not always fit the non-valid

data. Extrapolation to larger amounts of growth is therefore only indicative of the values that might be achieved.

Discussion of fracture toughness results

The use of 20 mm x 40 mm specimens therefore allows valid - R curves to be generated for crack growth up to 175

mm as opposed to less than 0.5 nun for the 10 mm x 10 mm specimens. The data from the two sizes of specimen is consistent

up to Aa of about I mm, with the larger specimens WO 1 04 and WO 1 -05) showing a flattening R-curve at larger amounts of

growth.

The main feature of these results suggests that the buttering material on and near the fusion line of the ADIMEW

dissimilar metal weld has a lw O.2 initiation toughness and a low resistance to tearing. These are significantly lower than

those of the bulk weld metal or the coarse grain beat affected zone (CGHAZ). The appearance of such good properties for

the CGHAZ is a little surprising, since a martensitic structure would normally be expected and have the lowest properties.

Low heat input weld deposition of the buttering or a variation of microstructure away from the fusion face might explain the

results, but for a definitive answer further examination of the material is required. The buttering material on and near the

fusion line is therefore the weld material with the lowest resistance to fracture.

The O.2 obtained 53/58 kj/M2 from 10 mm x 10 mm specimens and 59/63 kj/M2 from 20 mm x 40 mm specimens) are

significantly lower than that of 130 kM2 obtained for equivalent buttering material at 20'C in the previous BIMET project

(Re 6 These results are also lower than the values ADIMEW partners Framatome and the Bay Zoltdn Institute obtained

from compact tension (CT) specimen tests of the ADIMEW weld, although these tests also indicated a flat R-curve and

comparable values at larger amounts ofgrowth look ahead to Figure 9 the curve labelled 'ADIMEW, power law fit 4).

The reasons for the difference between ADIMEW and BINIET results are not entirely clear. The ADIMEW and BIMET

welds were produced by different fabricators, although they were of comparable specification. Any differences in the detail

of the welding procedure, consurnables, thickness and heat treatment could be relevant. Examination of the relevant

microstructures of the BIMET and ADIMEW welds could determine if there were any significant differences between the

weld materials.

Reasons for the differences with the Framatome and Bay ZoNm compact tension data are probably a result of

differences in the notch and crack growth path. In the two single-specimen Framatome CT tests, the ductile crack growth

deviated out ofthe side-groove and exhibited considerable tunnelling with the centre of the crack running well in advance of

the edges. Both of these effects would tend to result in an overestimate of J compared with the present tests. In addition,

Framatome used a blunting line with a slope of 4 times the flow stress, giving a slightly lower slope than the 3.75R. value

that TWI used, and lience a larger value fJO.2-

The Bay Zolubi CT tests were undertaken on specimens with electro-discharged machined notches without fatigue pre-

cracking; similar to the notch cut into te ADIMEW Mt-size test weld. A igher value fJO.2 relative to that obtained from

fatigue pre-cracked specimens was therefore expected and observed. 'Me Bay Zoltin tests also showed some sensitivity of

4In the fracture mechanics assesments described later some fits were made including data invalid according to BS 7448.
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the R-curve to the distance of the notch from the fusion line; with the toughness decreasing as the fusion line was approached

on the buttering side. Differences in the positioning of the starter notch and fatigue pre-crack between the different

laboratories could therefore also be a factor in explaining the differences between the J-R curves obtained.

As seen later in the later description of the fracture mechanics assessment, these and other fits to 'all-valid' and 'both

valid and invalid' fracture toughness test results are used to predict the outcome of the ADIMEW test. Of course, it is highly

dubious to use extrapolated fracture toughness for very extensive amounts of tearing well beyond the range and validity of

the test measurements. Nevertheless, such extrapolation has to be done in order to carry out a full fracture mechanics

assessment of the large-scale test.

RESIDUAL STRESS MEASUREMENTS BY HOLE DRILLING

Method

TWI undertook measurements of residual stresses across the dissimilar metal weld in the ADOI pipe assembly. This

used the surface hole drilling method (Ref 7 Te hole drilling method is a standard method for measuring residual stresses

close to a free surface. It uses three strain gauges positioned around the location to be measured. They are conventionally

aligned parallel and perpendicular to the principal axes of the component and at an angle of 135' A small hole of

approximately 21 mm diameter is made in the surface at the location to be measured using a fine abrasive powder jet. As the

hole deepens, a change in surface strain is recorded on the gauges. When the hole depth has reached about 2 mm, the jet is

stopped and the final readings of the strain gauges are recorded. The strain and hole size measurements recorded at each

location allow the calculations of in-plane principal stresses and orientation angle. These are resolved to determine the

stresses in the directions parallel and circumferential to the pipe axis. The accuracy of residual stress measurement by the

centre hole method is claimed to be ±8% for stresses up to 65% of yield.

Residual stress results and discussion

The results for axial surface residual stresses on the outside and inside of the pipe are shown in Figure 6 and Figure 7,

respectively. These measurements suggest that the axial surface residual stresses are compressive. These residual stresses

would tend to have a closing effect rather than causing additional opening of the defect in the ADIMEW test pipe.

This appearance of compressive stresses is somewhat unexpected; since tensile welding residual sresses usually occur

on the outside of similar, as-welded girth welds in (homogeneous) stainless steel pipes, Ref. 8. However, there is much

variability in the experimental results given in Ref. 8, depending on factors such as pipe geometry, weld preparafion and

welding heat input. It should also be remembered that the ADIMEW pipe assembly concerned a dissimilar metal weld. In

addition, the ADIMEW weld was post-weld heat treated at 600'C for six hours and subsequently machined on the outside

surface. These operations would have altered the residual stress from the stresses in the as-welded condition.

The TWI results show considerable discrepancy in comparison with the volumetric residual stress measurements that

the Joint Research Centre (JRC) Petten made using neutron radiography, and the finite element calculations made by

Framatome for the ADIMEW test weld ADOI. However, there is reasonable agreement with measurements made by the

MarTec Laboratory in Switzerland using the block splitting technique, Ref 9 These measurements show that the

compressive stress on the surfaces is a purely local effect. Beneath the surfaces the stresses revert to those consistent with

measurements made by RC and calculated by Framatome. Ile volumetric ensitivity of neutron radiography measurements

and finite element calculations would not have been capable of identifying a local stress within a few millimetres of the

surface. The compressive stress on the surfaces is probably a result of the machining that was carried out after post-weld heat

treatment. There is some experimental evidence to support this view, for example Ref. IO, but a lack of data for materials

and conditions that are truly representative of the ADIMEW test pipe. As the effect of compressive surface residual stress

would be to inhibit the initiation of surface cracking from corrosion, further study of residual stresses close to machined

surfaces could be beneficial.
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FRACTURE MECHANICS ASSESSMENT USING FINITE ELEMENT ANALYSIS

Material properties

Tensile properties: VTT measured tensile properties of the various constituents of the weld mock-up using specimens

cut out of the mock-up ADOI. Figure shows the true stress versus true strain behaviour of the different materials

comprising the mock-up at the 300'C test temperature. Table 3 summarises the main tensile properties as used in the finite

element analyses. Type 308L weld properties were used for the buttering.

Fracture toughness resistance curves: Fracture toughness versus ductile tearing resistance curves were measured for

the weld buttering layer by ADIMEW participants as well as TWI. Figure 9 shows five different J-R curve fits. They are in

descending order:

• 'ADIMEW, power law fit F is an early fit to valid data only for TWI specimen A2-2(MO2-02) at 3000C discussed

above;

• 'BIMET, power law fit' is the consensus fit for the buttering layer used in the BIMET project at 20'C (Re 6;

• 'ADIMEW, power law fit 2 is an approximate fit to both valid and invalid data for TWI specimen A2-2(MO2-02 at

300'C;

• 'ADIMEW, power law fit 4 is a fit to the results from the blunt notch CT specimen no. I tested by the Bay Zoltdn

Institute at 300'C;

• 'ADIMEW, power law fit 3 is a fit to valid data for the TWI 2x4O mm SENB specimen WOI-05 at 300'C discussed

above.

With the exception of ADIMEW fit 1, al the fits show relatively shallow J-resistance curves, with varying levels of

initiation toughness, JO. 2 the highest associated with the fit to data from the blunt notch CT specimen, ADIMEW fit 4.

Finite element analyses

The computations were carried out using Version 5.8 of the ABAQUS finite element program (Ref I ).

Meshes: Eight different meshes were set up having the following values of maximum crack depth, a,-: 17, 18, 19, 20,

21, 22, 24 and 26 mm. Figure 10 shows an overall view of the ADIMEW test pipe mesh, with the loading and reaction

positions indicated. Only one half of the test assembly was modelled on one side of the vertical plane of symmetry. The

defect is at the 12 o'clock position at the top of the pipe. There are 28,048 elements in the entire mesh Aith ABAQUS

elements type C3D8H used throughout. This is an 8-noded, first order, three-dimensional, hybrid element that is suitable for

modelling large-scale plastic deformation. The bevelled, dissimilar metal weld in the neighbourhood of the defect is clearly

seen in Figure I .

Figure 12 shows two pictures relating to the defect itself. The left-hand picture shows the focused mesh surrounding the

crack front, where the latter intersects the plane of symmetry. The dashed white line denotes where the coincident crack

flanks meet the vertical symmetry plane of the pipe. There are 12 rings of elements in the square section box surrounding the

crack front, with 32 elements around each ring. The innermost rings of elements immediately adjacent to the crack front are

standard type C3D8H but each has one face collapsed onto the local segment of the crack front. The right-hand picture in

Figure 12 shows only weld metal elements on the austenitic side of the defect plane. Dashed lines indicate the boundary of

the defect. A total of 12 equal length segments, and so 12 elements lengths, are used along the half-length crack front

modelled in the mesh. There are 13 nodal positions along the crack front; the drawing points out the nodes labelled 'J11 at

the middle of the crack front (at the vertical plane of symmetry) and 'J23' where the crack front meets the outer pipe surface.

Boundary and loading conditions: The nodes on the vertical plane of symmetry were constrained appropriately. Ile

vertical component of displacement was restrained at each of the two nodes positioned at the restraint points 7 m apart

(Figure 4 Figure 10). At the two nodes positioned at the loading points 3 m apart, an equal vertical displacement was
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imposed in order to simulate the loading rains. To ensure equal loading of the two rams, the centre-line of the loading

arrangement (Figure 4 Figure 10) was offset an axial distance d�-275 mm from the crack mouth into the austenitic pipe.

During initial pre-test calculations, it was discovered that the balance of load on the rams was very sensitive to the precise

value of the offset d.

The entire mock-up was assumed to be at a uniform temperature of 300T. Any welding residual stress remaining after

stress-relief was ignored.

Small strain, elastic-plastic, analyses were carried out, with the first loading step of each consisting of a relatively low

value of ram displacement of 01 mm thus giving predominantly elastic response. In all eight analyses, the remainder of the

250 mm maximum ram displacement was imposed in 25 equal increments.

Finite element fracture mechanics analysis results

This section describes the main fracture mechanics results from the cases of a., studied by finite element analysis,

combined with the various J-R curve fits considered for the weld buttering.

Elastic solutions: Using the initial eastic solution for each defect depth, the local mode I stress intensity factor, K was

evaluated at each of the 13 nodal positions on the (half length of the) crack front as follows:

K J,,E 112

_V2) )

where Jj is the local elastic component of te J-integral calculated assuming co-planar virtual advance of the crack, and E

and v are the Young's modulus and Poisson's ratio of the 308L weld metal. The stress intensity factor K, is normalized by

K,, given by

K� =a, (7.a.. )112

where the bending stress ab is given

4Mr,
4 4

r. - r,

where M is the applied bending moment at the cracked section of the pipe and a., r and r. are defined in Figure 3.

Figure 3 presents such results for K11K, versus distance from the middle of crack front normalized by the half length of

the front, c. These normalised stress intensity factors have peak magnitudes as expected (peak values between LI and 12),

increase with maximum crack depth and decrease from the middle of the ront towards the free surface.

Elastic-plastic solutions, initiation predictions: Figure 14 gives predictions of elastic-plastic J versus applied bending

moment at the cracked section for the initial ADIMEW crack configuration, with a.-] 7 mm. Curves of results are shown

for every 2 dnode along the half length of crack front modelled. As noted earlier, node 'J II' is at the middle of the crack

front and 'J23' is where the crack front intersects the outside of the pipe. This figure also shows a series of horizontal I ines

showing the level Of JO.2 initiation toughness for the five different fits considered for the weld buttering. The range of

MOMeDt required to cause initiation is rather wide.

Table 4 summarises results for bending moment required to cause initiation of ductile crack growth at the middle of the

crack front. This aso includes the crack mouth opening displacement (CMOD) measured at the centre of the crack mouth.

The estimated value of bending moment at initiation in the ADIMEW test, based on electric potential drop measurements,

was about 191 NN in. This result is consistent with predictions made using 'fit 4 based on the Bay Zoltdn blunt notch CT

specimens of ADIMEW buttering material tested at 300T. his is not surprising since te defect in the ADIMEW test was

also cut by EDM and so blunt. Predictions of initiation moment, based on J-R curve fits to tests on fatigue pre-cracked

specimens, are not srprisingly lower.
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Tearing predictions: Figure 15 compares two of the considered fracture toughness resistance curves, for an initial 17

mm maximum crack depth, with applied or driving force curves of J versus maximum crack depth for four different values

of constant bending moment. These are given in the legend. The 'BIMET' and 'ADIMEW fit 2 resistance curves achieve

tangency with the curves of applied J, and so reach a maximum bending moment, after about 22 mm and 25 mm of tearing,

respectively. Of course, it is assumed here that the front of the defect tears in a uniform manner. This is obviously an

approximation considering the variation of driving force along the front seen Figure 13 and Figure 14. It is apparent from

Figure 15 that maximum bending moment is slightly greater than 2 MN m for these two J-R curves.

Again assuming uniform tearing along the front, Figure 16 uses the finite element results for applied , plus the material

J-R curve fits, to predict bending moment at the cracked section versus crack depth for all five -R curves considered. The

'ADIMEW fit I' resistance curve predicts a maximum moment in excess of 245 MN m at a., somewhat greater than 26

mm (more than 9 mm tearing). The corresponding figures for the BMET material fit are 209 MN m at a,,,=21.40 mm 4.4

mm tearing). ADIMEW fit 2 gives a maximum moment of 204 MN m at a,,,=23.8 mm, that is, after 68 mm of tearing.

ADIMEW fit 4 predicts a maximum moment of nearly 2 MN rn, but the moment versus crack depth curve is not well

rounded due to lack of smoothing of the J-Aa relationship near initiation. The predicted moment versus crack depth curve

from ADIMEW fit 3 is the lowest of all.

It is very noticeable that most of these predictions give broad plateaux and the plastic yield moment is relatively

insensitive to crack depth for the range of a,, considered. Tearing and stability of the defect are therefore controlled

primarily by the flat tearing resistance of the buttering material, and the rapid change in applied J with bending moment

above about 1.8 M m, with little interaction with the applied load. It should be noted that gross yielding of the pipe

assembly occurs mainly in the 316L parent pipe; away from the location of the defect.

Figure 17 shows predictions of bending moment versus CMOD for the five resistance curves. According to the

ADIMEW fit 2 the bending moment peaks at 204 MN m when the CMOD is about 235 mm, though again the plateau is

broad. For comparison, Figure 18 shows a corresponding set of results from the test. The agreement between ADIMEW fit 2

predictions (using fit to valid and invalid SENB specimen tests) and the large-scale test result itself is remarkably good.

(That 'fit 4 best predicts initiation while 'fit 2 best predicts the growth behaviour is not surprising. 'Fit 4 was based on a

blunt notch (as in the test), wereas'fit 2has more data at larger amounts of tearing.)

Estimates were made of the crack growth profile using the finite element results in conjunction with the 'ADIMEW fit

2' fracture toughness versus crack growth relationship. These are shown in Figure 19. The estimated amount of crack growth

at each of the 13 nodes on the half-length of the crack front modelled is shown against normalised distance from the middle

of the crack front. Curves are shown for different applied bending moments. Crack growth is estimated at each node by

matching the applied crack driving force for a given crack depth, J,,(M, a= a,+Aa), with the increasing material fracture

toughness _,(Aa). Here a. is the initial crack depth at each node based on the initial a.,=] 7 min. Of course, these profiles

are approximate estimates because the crack driving force values are based on the fite element analyses modelling a

straight crack front; rather than the proper developing curved front. The decreasing steps in moment, moving up the legend

of Figure 19, demonstrate an increasing sensitivity of crack growth to bending moment as growth proceeds. Of course,

results are limited to maximum crack growth less than 9 mm, since the largest a... considered in the analyses is 26 mm.

These predictions suggest that no crack growth takes place at the free surface.

DISCUSSION

The actual ADIMEW pipe test showed a substantial amount of ductile crack growth of the initial defect, a maximum of

28.1 mm through the wall of the pipe, but with no change to its circumferential length around the pipe, as illustrated in

Figure 20. his suggests potential for leak-before-break rather than a guillotine failure. The test is therefore a demonstration

that supports safety.
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Such large extent of tearing observed in the test should Dot be treated with undue alarm; it is a consequence of the

maximum ram displacement applied. he bending moments required for significant growth of the defect are close to those

required for plastic yielding or collapse of the uncracked pipe. The defect makes negligible difference to structural behaviour

of the pipe as a whole. Moments of this magnitude would not be expected to occur during normal operation of such pipework

in real plant.

Pre-test discussions and studies envisaged that tearing would be limited to about 9 mm: this led to the maximum 26 mm

crack depth (i.e. 17 mm initial plus 9 mm tearing) considered in this study. Crack behaviour up to abou 9 mm of tearing was

successfully predicted by finite element J-based methods. Bending moments for initiation and maximum load were

approximately correct and support the use of such analysis.

The toughness of the mock-up buttering layer as measured by small specimens appears to be consistent with a fairly

shallow resistance curve. The flat moment versus crack depth or CMOD curves determined in the test reflect the shallow

resistance curve of the buttering material. There is therefore potential for large amount of stable tearing if the loads applied

are sufficient. The microstnictural and mechanistic reasons for the flat R curve behaviour are not entirely clear at present.

The cracked section of the pipe is subjected to a predominantly tensile stress field. This may impose less plastic

constraint ahead of the crack front than the side-grooved three-point bend and compact tension specimens used to provide the

various J-R curves. This difference in crack tip plastic constraint can lead to higher values of apparent fracture toughness in

the ADIMEW test pipe geometry: see for example Ref. 12. These higher values of toughness would give less extensive

ductile tearing than predicted here at a particular measured value of a test parameter such as bending moment or CMOD.

However, the test results obviously do not bear this out. The apparent toughness of the buttering appears to be

consistent with a shallow resistance curve extrapolated from both valid and invalid test results on deeply-cracked (albeit

small) bend specimens. It is therefore important to find out, in any future studies of te ADIMEW test, why there appears to

be no benefit or margin conferred by structural constraint. One reason could be the confinement of the crack tip plastic zone

by the high yield strength ferritic parent pipe; despite gross yielding taking place in the uncracked 316L pipe. More work on

this subject linking the microstructure of the buttering layer to the crack tip plastic zone would be worthwhile.

CONCLUSIONS

I Buttering material on and near the fusion line of the ADIMEW dissimilar metal weld has a lw JO.2 initiation toughness,

and a low resistance to tearing, as measured using fatigue pre-cracked specimens. These are significantly lower than

those of the bulk weld metal or the coarse grain heat affected zone.

2. Axial residual stress across the dissimilar metal weld is predominantly compressive on both the inside and outside

surfaces of the pipe. This is probably a result of the machining that was carried out after post-weld heat treatment. The

block splitting technique shows that beneath the pipe surfaces the stresses revert to those consistent with measurements

made by JRC and calculated by Framatome.

3. J-based finite element analysis successfbily modelled the macroscopic deformation and fracture behaviour of the

ADIMEW test pipe.

4. The analysis could predict the load at initiation of ductile tearing accurately, but the prediction was critically dependent

on the degree of representation of te resistance curve derived firom the small-scale fi-acture test to that the full size test

pipe in terms of crack sharpness, material microstructure and possibly constraint.

5. The analysis successfully predicted the narrow range of load over which significant growth of the defect occurred; a

consequence of the low tearing resistance of the buttering material and the rapid change in applied J with bending

moment above about 1.8 MN rn.

6. The observed growth of the defect through the wall, but without change in circumferential extent, was successfully

predicted from the analysis results, suggesting potential for leak-before-break rather than a guillotine failure
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Specimen Dimensions Notch Temp Number Type of test Specimen
type BWL location of tests identity

Mm 0C
SENB 10, 10,55 BU" 300 3 JR unloading A2-1(MO2-01)
BxB compliance A2-2(MO2-02)

sub size A3-3(MO2-03)
SENB 10,10,55 FL,, 300 2 JR unloading A2-3

sub size compliance A3-1
SENB 10, 10,55 CGHAZ 300 1 JR unloading A3-2

sub size compliance
SENB 10, 10,55 Wm 300 3 JR unloading W01-01

Sub size compliance WOI-02
WOI-03

�SENB� 20, 40, 100 BU,, 300 3 JR unloading W01 -04
Bx2B compliance WOI-05

B=20 mm WOI 06

where:
BUFL indicates the notch is located in the weld buttering 12 mm from the fusion I ine,
FLEu indicates the notch is located on the fusion line tending towards the buttering side,
CGHAZ indicates the notch is located in the coarse grained beat affected zone,
WM indicates that the notch is ocated in the bulk weld metal.
The notch direction is parallel to the fusion line in all cases.

Table 1: Fracture toughness testing matrix

Specimen Notch M L X JO. 2 JO.5 J1.0 J2. 0

identity location
A2-2(MO2-02) BU,, -6.6 +186.0 0.73 58 106 179 302
A3-3(MO2-03) BU" -0.2 +232.1 1.00 53 116 232 464

WOI-04 BU,, +16.3 +188.1 0.58 63 110 172 265
WOI-05 BU,, . -902.9 +1055.2 0.06 , 59 109 152 197

Table 2 J versus ductile tearing Aa curve fits for buttering layer: J=m+L(Aa)xl with J in kj/M2' Aa in mm

Material Elastic PoissoD's Limit of 0.2% proof
Modulus, E, Ratio, v proportionality, c�,, stress, 0.2,

Mpa MPa MPa
A508 parent and HAZ (300'C) 231500 0.3 367 463

308L weld and buttering (300'C) 167500 0.3 161 335
316L parent (300'C) 106500 0.3 151 213

carbon steel arms (20'C) 208000 0.3 N/A N/A

Table 3 Material tensile properties used in the finite element analysis

J-R curve JO. 2 Moment, M, CMOD
(kj/M2) (MN in) (mm)

ADIMEW, power law fit I to valid data only, 300'C 43.7 1.470 0.304
BIMET, power law fit, 20'C 130.4 1.804 0.695

ADIMEW, power law fit 2 to all test data, 300'C 48.4 1.502 0.329
ADIMEW, power law fit 4 300'C 235.0 1.980 1.080

ADIMEW, power law fit 3 to valid data only, 3000C 55.2 1.549 0.365

Table 4 Summary of predictions of ADIMEW crack initiation moment and CMOD (giving 02 mm ductile tearing at middle
of crack front); estimate of moment at initiation during test itself is 186 MN m
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Figure 1: Schematic of overall geometry of ADIMEW test specimen
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Figure 3 Geometry of defect in ADIMEW test specimen showing associated dimensions
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Figure 5: J-R curves obtained for the buttering layer
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Figure 6 Axial residual surface stresses on outside of pipe measured across dissimilar metal weld
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Figure 7 Axial residual surface stresses on inside of pipe measured across dissimilar metal weld
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True flow stress -strain for ADIMEW materials
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Figure 8: Tensile behaviour for the various constituents of the mock-up at OoC test temperature
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Figure 9 Five fracture toughness resistance curve fits for weld buttering used in assessments
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Figure 10: Overall finite element mesh used, showing loading and restraint positions
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Figure 1: Close-up of mesh near initial 17 mm deep defect in dissimilar metal weld buffering
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Figure 12: Left picture shows focused mesh around crack front. Right picture is section through plane of defect, showing
weld metal only: with 13 nodes on (half) crack front from JII'at middle to 'J23' on outer pipe surface
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Variation of Normalized Elastic Stress Intensity Factor, with K, �Ub OTa 1/21.3
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Figure 13: Variation of elastic stress intensity factor along crack front for different a,,,.,,
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Figure 14: Variation of J with M at every 2nd crack front node for a.,=17 mm, showing initiation JO.2 levels for the various
J-R curve fits
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Figure IS: Comparison of two buffering J-R curve fits with applied J versus a,,,,, for four constant values of moment,
showing two tangency conditions
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Figure 16: Bending moment versus crack depth predictions for the five buffering J-R curve fits considered
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Figure 17: Bending moment versus crack mouth opening displacement predictions for five buttering J-R curve fits
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Figure 18: Bending moment versus EdF crack mouth opening displacement measurements from ADIMEW test
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Figure 19: Estimated crack growth profiles using the finite element values for applied J and 'ADIMEW fit 2 weld buttering

J-R curve; profiles are shown as a function of increasing bending moment

Figure 20: Post-test fracture face of the actual ADIMEW test pipe


