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Several failure mechanisms have been postulated that could become limiting for spent
fuel in dry storage. These are: stress Corrosion Cracking (SCC), Delayed Hydride
Cracking (DHC) and Creep Rupture (CR). These mechanisms are examined in some
detail from two perspectives: their initial environments in which they were developed
and applied, and in relation to their applicability to dry storage. Extrapolation techniques
are used to transfer the mechanisms from their initial in-reactor and laboratory domains
to out-of-reactor spent fuel dry storage environments. This transfer is accomplished
both qualitatively where necessary and quantitatively when possible, with fracture
toughness used as the transfer function. In this regard, the paper provides useful
information on cladding fracture toughness estimates that recognize the specific
physical conditions of the cladding, which would not be found elsewhere in the
literature. The arguments presented in this paper confirm the general technical
consensus that creep is the governing mechanism for spent fuel in long-term dry
storage.

STRESS CORROSION CRACKING (SCC) MECHANIS M

The emergence of SCC as a fuel failure mechanism dates back to the early seventies
when BWR fuel began to experience failures when ramped to high power at fast rate.
The failure mechanism came to be known as PCI (Pellet-Cladding Interaction). In the
two decades after PCI established itself as a power-limiting failure mechanism for LWRs
in general, considerable research was undertaken at a number of institutions dealing
with four major areas: fundamental material behavior tests [1-9], special effects tests
and analytical modeling [10-15], power ramp tests [16-20], and development of PCI-
resistant cladding [21-23]. This volume of research gives support to the fact that the
SCC phenomenon is sufficiently well characterized to allow extrapolation to spent fuel
dry storage conditions.
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SCC Chemical Environment in Spent Fuel
SCC tests conducted in iodine vapor indicate that the minimum iodine availability for
stress corrosion cracking is of the order 10"6 g per cm2 [24,25]. This amount of iodine is
associated with a fission gas release of less than 1%, which indicates that sufficient
iodine is present in spent fuel. Whether this iodine is available in a form that can induce
SCC is another question. Equilibrium thermodynamics require that any iodine isotopes
that reach the cladding should do so in the form of cesium iodide. Therefore, there
must be a release of elemental iodine from cesium iodide by gamma or other forms of
high-energy radiation [26], a condition tiat would exist in-reactor but is not present in
spent fuel storage. Moreover, during storage, fission gas is neither generated nor
released. This suggests that the availability of elemental iodine in the fuel-cladding gap
would be too small to provide sufficient iodine flux for diffusion into the cladding to
initiate SCC.

Iodine may not necessarily be the only corrosive fission product that can induce SCC
failures; cadmium in cesium plays a similar role to iodine in embrittling the cladding.
Tests in cadmium/cesium vapor have shown that no distinction can be made
fractographically between failures obtained in the laboratory in iodine vapor and those in
cadmium-cesium vapor [27]. Cadmium-bearing cesium is in liquid state at room
temperature, with a high boiling point of 671°C, and will be in liquid form when the
reactor is shutdown and the fuel is removed to the spent fuel pool and eventually to dry
storage. Zr-4 embrittlement by liquid cesium can be produced in the laboratory only if
the cesium has low oxygen content and is contaminated with a trace of iron [28].
Moreover, the applied stress in those experiments had to exceed the yield strength of
the material, unlike iodine-induced SCC where the threshold stress is a fraction of the
yield strength. The above observations lead us to conclude that the chemical
environment in spent fuel is lacking, or at best marginal, to render SCC operative in dry
storage.

Stress and Time-at-Stress
SCC failure evolves in two stages: a relatively long incubation (crack-nucleation) stage
and a much shorter crack-propagation stage. The stress and the strain rate play a
dominant role in determining the failure time and the failure mode - the higher the stress
the shorter the time to failure, and the higher the strain rate the more likely the failure
will be by fast crack propagation in a transgranular cleavage mode. At low stresses and
low strain rates, SCC failure is predominantly by the much slower process of
intergranular crack growth. Under the very low creep-strain rates and sub-threshold
stresses, typical of dry storage conditions, intergranular cracking is nearly impossible to
initiate, which precludes the second stage of transgranular crack propagation.

Laboratory tests have shown that the major portion (75%) of incubation time is taken up
in creating the proper conditions needed to nucleate a crack in a previously uncracked
material. Once the crack initiates and the crack-tip stress intensity factor Ki reaches the
SCC fracture toughness Kiscc, the crack velocity increases rapidly by several orders of
magnitude, and SCC failure is completed fairly quickly in a transgranular mode. A
survey of the SCC data shows that for relevant temperatures (above 300 °C), SCC



threshold stresses for annealed Zr-2 are: 360 MPa and 180 MPa for unirradiated and
irradiated material respectively [10]. The threshold stresses for stress-relieved Zr4 are
300 MPa and 200 MPa for unirradiated and irradiated material respectively [10,14]. For
the most limiting case in dry storage, a 17x17 configuration with an oxide thickness of
100 urn, the cladding hoop stress is conservatively calculated to be less than 150MPa.
This is well below the threshold value of 200 MPa for irradiated Zr-4.

High Burnup Effects
The effects of high burnup on the cladding's susceptibility to SCC involve two important
parameters: hydrides, and inner-surface flaws. The experimental evidence is that
hydriding retards crack initiation, changing the failure mode from transgranular cleavage
to intergranular cracking [29]. This is attributed to crack blunting by the hydrides
precipitating at the crack tip, and/or the increase in surface pitting. Similarly, Cox [30]
found that deliberate precipitation of radial hydrides in a previously resistant batch of
material did not render it susceptible to iodine-induced SCC. Further, he found no
distinct separation between susceptible tubing containing radial hydrides and other
susceptible tubing not containing radial hydrides. Thus, it can be concluded that the
effect of hydrogen on SCC susceptibility is either neutral or slight improvement.

As to pre-existing inner surface cracks, the experimental evidence is to reduce both the
threshold stress and the time to failure. Data for fatigue pre-cracked specimens shows
that the apparent effect of pre-cracking is to reduce the threshold stress from 300 to 180
MPa, for unirradiated stress relieved Zr-4 [14]. It should be noted, however, that fatigue
pre-cracking virtually eliminated the need for a long incubation time, and as soon as
iodine had sufficient time to diffuse to the crack tip, cracks with sufficiently high K, i.e.,
sufficiently deep cracks, began to extend almost immediately. Shorter cracks required
longer incubation time, which is determined by the state of stress at the crack tip.
Brunisholz and Lemaignan [14] report that sharp fatigue-induced starter cracks of
lengths up to 30% of the cladding thickness were found not to propagate at all. From
crack propagation analysis of their data, they were able to determine a Kiscc value in the
range 3.4-5.5 Mpa m1/ , which they compared to 4.6 MPa m1/2 and 4 MPa m1/2 obtained
by Jones et al. [32] and Videm et al. [33] respectively. More typical fracture toughness
values for unirradiated Zircaloy in iodine vapor are in the range 7-10 MPa m1/2, [29, 31].

An upper bound estimate of the crack size that could have existed in-reactor is one that
just remains sub-critical during a power ramp that would produce a PCMI stress
increment equal to the SCC threshold stress of 200 MPa. Using a Kiscc value of 3.4
MPa m1/2, determined by Brunisholz and Lemaignan, the maximum sub-critical crack
size is calculated b be 73 jam. Such a crack size would represent the largest that can
be assumed to pre-exist in a spent fuel rod in dry storage. The stress intensity factor for
such a crack, assuming highest possible internal pressure for normally discharged fuel,
is 2.54 MPa m1/2. This indicates that the crack will remain sub-critical during dry
storage. We can then conclude that no enhancement of SCC susceptibility due to pre-
existing flaws is possible and, further, any flaws that may have pre-existed are not
subject to propagation by the SCC mechanism in spent fuel placed in dry storage.
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DELAYED HYDRIDE CRACKING (DHC) MECHANISM

The majority of DHC research was contributed by Canadian researchers after the
discovery of DHC failures in pressure tubes in the Pickering CANDU reactor [34]. The
object the research was pressure tube materials, Zr-2.5Nb and Zr-2, [35-40], with very
limited DHC data for Zr-4 cladding [41].

DHC occurs under very special conditions, when hydrogen, stress and temperature
interact in a specific manner. The process evolves in two stages. Stage-I is comprised
of crack initiation at a DHC toughness value KH = 5-6 MPa m1/2, followed by a rapid
increase in crack velocity until the crack transitions to he stable crack growth Stage-ll.
The failure time is determined primarily by the nearly constant crack growth velocity of
Stage-ll, which is initiated at a K| value around 9-10 MPa m1/2. During Stage-ll, under
isothermal conditions, the hydrogen in solution diffuses to the tri-axial tension stress
zone surrounding the crack tip, and precipitates ahead of the crack tip in the form of a
platelet oriented perpendicular to the direction of the stress. When the hydride reaches
a critical size, it fractures, allowing the crack to advance until it is arrested in the tougher
Zircaloy material past the hydride, where a new highly stressed crack tip is formed, and
the process is repeated. The crack continues to propagate in this intermittent manner
until failure by plastic instability of the remaining ligament.

Temperature and prior temperature history play a crucial role in the DHC process,
affecting the two stages in different ways. The first stage is weakly dependent on
temperature, but the crack growth rate in the second stage is governed by the hydrogen
diffusion rate, which is strongly dependent on temperature. Stage-ll crack velocity V
follows a thermally activated process where V = Ae~QIRT, with an activation energy value
Q = 65.5 KJ/mol [38], which is comparable to the activation energy of hydrogen diffusion
of 69.5KJ/mol. The overall temperature dependence of Stage-ll is summarized below.

In the laboratory, the DHC process was found to depend on the direction of approach to
test temperature. A critical temperature, termed TDAT (Direction of Approach to
Temperature), was found such that at a test temperature below TDAT, DHC occurred
always regardless of whether the material was heated or cooled to the test temperature.
However, above TDAT DHC occurred at constant or decreasing temperature, but only
when the test specimen was first subjected to a temperature cycle with an over-
temperature excursion in the range of 20-40°C. TDAT was found to be 150°C for Zr-2
plate and 180°C for Zr-2 tubing [39].

Providing that stress conditions are satisfied, it would appear from the above that the
temperature history during dry storage can promote DHC, provided of that Stage-ll had
already been initiated. This will be explored below.

DHC Initiation
Stage-I of the DHC process can be initiated in a fuel cladding if and only if the far-field
hoop stress can produce a Kj value in a pre-existing crack such that K ^ KIH = 5-6 MPa
m1/2. This requires knowledge of the far field stress, and the crack size. The role of
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these parameters on DHC initiation is examined here for the most limiting cladding
condition, namely, spalled oxide with concentrated hydride lenses in the spalled region.
Material property tests of high-burnup cladding with spalled oxide conducted by Garde
et al. [42] provide information that allows us to estimate the size of a pre-existing crack
from which DHC could initiate. To do this we require an estimate of the fracture
toughness Kcfor a cladding with such conditions.

A fairly accurate estimate of Kic is obtained from the following correlation, Rashid et al
[43,44],

1/2 (1)

Where u c is the Critical Strain Energy Density, which is the mechanical energy stored
in the material at the moment of impending fracture. It can be calculated from tube
tensile or burst tests conducted at relatively high strain rates that would exclude time-
dependent processes as follows,

ef
UC = joydey (2)

0
Where oy and e^ are specimen stresses and strains, and ef is the failure strain.

Garde [42] performed an extensive series of tests for high burnup (>62GWD/MTU)
Zircaloy-4 cladding with oxide thickness in the range of 70-130 um, which included tube
tensile, burst, and split-ring tests. Some of the higher-oxide samples involved severe
spallation with hydride lenses penetrating almost 50% of the cladding thickness. Critical
strain energy density calculations described by Equation 2, performed for the Garde
tests and reported elsewhere [43,45], show best estimate values for Lb in the range 4-5
MPa for Zircaloy-4 cladding with unusually thick oxide layers and severe spallation.
Substituting these values in Equation 1, we calculate conservative estimates for Kicin
the range of 7-7.8 MPa m1/2. Kic values for hydrided Zircaloy-4 unirradiated and
irradiated Zircaloy-4 samples were reported by Kreyns et al. [46]. The smallest K:c
value reported by Kreyns et al. is 7.4 MPa rrP for a hydrogen concentration of 4000
ppm, which is in good agreement with the above estimate. Thus, a K>c value of 7 MPa
m1/2 can be regarded to represent the fracture toughness of a cladding tube with
severely spalled oxide.

Using Kic = 7 MPa m1/2, and considering the maximum cladding stress to be the
material yield strength, conservatively assumed to be 700 MPa, we back calculate 83
um as the size of the crack that would simulate cladding failures observed in Garde's
burst tests. If such a crack pre-exist in the spalled region of the cladding, with an
enhanced local stress of 250 MPa due to wall thinning, it would give rise to a stress
intensity factor Kj = 4.5 MPa m1/2. This value is less than the DHC toughness KIH = 5-6
MPa m , indicating that spallation does not enhance cladding susceptibility to DHC.

We have so far concentrated on the stress conditions that are needed to initiate Stage-I,
and found those to be lacking even for cladding with spalled oxide. The crack-growth
process, i.e. time to failure, however, is governed by the conditions for Stage-ll. The
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overwhelming evidence from the literature sources already cited is that a K| value of at
least 9-10 Mpa m1/2 is needed to sustain crack growth in Stage-ll. Since crack
extension during the transition from Stage-I to Stage-ll is negligibly small, the Ki value of
4.5 MPa m1/2 calculated above for cladding with spalled oxide remains valid. As can be
seen, this is half the value needed to initiate Stage-ll and subsequently sustain crack
growth.

Hydrides Re-orientation
Hydrides orientation is texture dependent, and, consequently, changes in texture as a
result of temperature and stress can produce re-orientation of hydrides at different
stress levels depending upon fie temperature, the higher the temperature the lower the
stress needed to cause re-orientation. For example, at 400°C the stress level required
to cause hydrides re-orientation is in the range of 120-180 MPa, and at 250°C the
required stress is 250-350 MPa, [47, 48]. These stresses, however, are predominantly
outside the range of spent fuel storage conditions.

Hydrides re-orientation can occur in spent fuel during vacuum drying and during long-
term storage under the slowly decreasing temperature. Limiting the drying temperature
would reduce the number of tangential hydrides that dissolve and subsequently re-
precipitate in the radial direction during cooling. Experiments performed at
GNB/Siemens [49] showed limited re-orientation even for cladding that was cooled
down after being maintained at high temperature and pressure for several days. During
long-term storage, the continuous drop in rod pressure due to the drop in temperature
and the creep-induced volume expansion will cause the cladding stress to drop below
the threshold value, which increases with decreasing temperature, further reducing the
chance for re-orientation. Also, the number of hydrides that will precipitate will be
limited to the reduction in the solubility limit over this period. Although hydrides re-
orientation appears to be relatively insignificant during dry storage, we cannot rule out
the presence of some radial hydrides following vacuum drying. Hence, resolution of the
issue effectively comes down to the role of the stress, which is discussed next.

During hydride precipitation in the presence of a tensile stress field, the hydrides may
inter-link and form long radial hydrides. To determine if Stage-I can be initiated from a
fractured hydride, we first have to estimate the length of the hydride that can fracture
under the maximum stress that can exist in a spent fuel rod in dry storage. The fracture
toughness of a pure zirconium hydride is approximately 2 MPa m1/2, from which we
calculate the critical hydride length to be 65 \im. We have shown above that a
conservatively estimated pre-existing crack of 83 |om does not propagate, and therefore
cracks formed by the fracture of radial hydrides remain sub-critical.

CREEP MECHANISM

During dry storage creep deformations proceed at a rate determined by two opposing
processes. One process is the material's tendency to steadily deform at a constant rate
following a short period of transient creep, and the other is the material's reaction to
continuously decreasing pressure and temperature. The latter imposes a form of break
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mechanism on the former, eventually bringing the two processes into a state of near
equilibrium where the deformation is halted or its rate is reduced to a negligible level. It
can be shown analytically that such equilibrium state is the only possible outcome in a
pressurized closed system. The question is when in the history of the fuel rod does this
state of near equilibrium occur and at what deformation level? This is governed by the
creep capacity of the cladding, which will be examined in this section.

Recent efforts to evaluate the cladding creep capacity in dry storage, Spilker et al. [50],
utilize creep data obtained for unirradiated cladding, with the hypothesis that the
calculated strain would be conservatively judged against a strain criterion of the order of
1%. The first opportunity to test this hypothesis in the regulatory arena presented itself
in the NRC review of the license application of the Wesflex dry storage cask, Gilbert et
al. [51]. The reviewers accepted the 1% strain criterion, but restricted it to spent fuel
cladding with oxide thickness below 70 prn, with 80 urn or higher oxide to be treated as
if the cladding has already failed. They relied on burst data by Garde et al. [42]
developed for high burnup Zircaloy-4 cladding with severely spalled oxide, as
supporting evidence. An alternative interpretation of this data with respect to the
cladding creep capacity under dry storage conditions is presented below.

Cladding Creep Capacity- Effects of Oxide Spallation
Oxide spallation can lead to the formation of highly brittle hydride lenses penetrating a
distance of one-third to one-half of the cladding thickness. However, the cladding
ligament beneath the hydride lens remains fairly ductile, with local plastic strain several
times greater than the rest of the cross section because of strain localization effects.
The burst plastic-strain value of 0.58% reported by Garde et al. [42] for cladding with
spalled oxide represents averaged value over the cross-section, which translates into
localized strain value in the remaining ligament of the order of 3-4%, depending upon
the circumferencial extent of the hydride lens. In fact, Garde et al measured the local
plastic strain in the ligament beneath the hydride lens to be slightly above 3%. When
we add the corresponding elastic strains to the average and the local strains, the total
strains become 1.1% and 4% respectively. We will now derive an analytical simulation
of the Garde data, from which we can derive a criterion for cladding with spalled oxide.

It can be shown that strain localization is a strong function of the stress exponent in the
stress-strain relation governing plastic deformations. In the high strain-rate regime of
tensile and burst tests, the stress exponent can exceed 10, whereas in the low-stress
low strain-rate creep regimes, the stress exponent is in the range of 2-3. Thus, creep-
strain localization in the hydride lens ligament does not rise to the same intensity as
strain localization in the high strain-rate tensile or burst tests. We consider two strain-
stress relations, one that governs the fast-pressurization burst test of the Garde et al
variety, and one that applies to a constant-pressure creep test. Both of these relations

reduce to the form s= Ao", but with different values for A and n. This form allows us to
derive a strain localization factor for a cladding with local thinned region.

In the case of high strain rate tests, the stress-strain state in the plastic regime is
governed by an equation of the following type, MATPRO data base [52],
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(3)
We invert this formula to obtain,

e = (gd^)~mnK~nan , n=1/s (4)

In Eq. 4, K s and m are, respectively, the strength coefficient, the hardening coefficient
and the strain-rate sensitivity coefficient. For irradiated Zircaloy in the temperature
range of interest, MATPRO gives m = 0.02, s = 0.1, n = 10, and s% = 10"3/s for the
reference strain rate. For a constant strain rate test, Eq. 4 has the following power law,

e = Aan (5)

In the case of low strain rate tests, a steady-state creep law applies, in which the stress
dependence is either a hyperbolic sine function or a power law with exponent n For the
stress range of interest, the hyperbolic sine function is equivalent to a power law with
n=3. Such a creep law has the same stress dependency as represented by Eq.5.

Now we consider a test specimen in which the cladding exhibits the same physical
condition as in the Gadre et al test. For the type of stress-plastic-strain relation
described by Eq. 5, it is easy to show, from equilibrium considerations, that the following
relationship holds for the average hoop strain and the local hoop strain in a tube with
localized thinning,

^)] (6)

Where ea and ex are the average and local strains respectively, a is the

ligament/thickness ratio, and 9 is the subtended angle in radians of the thinned section,
which includes the hydride lens and the peripheral damage areas. The inverse of the
quantity in the square brackets is the concentration factor which, for a large n, as in the
case of Garde's fast pressurization test, reduces to the quantity 2nlQ. As 9 shrinks to
zero, i.e. approaching the geometry of a sharp crack, the concentration factor
approaches infinity, and the behavior of the specimen is governed by fracture
mechanics. Conversely, the concentration factor approaches unity for the case of
uniform thickness reduction, and therefore no strain localization is possible. In order to
estimate the magnitude of the average hoop strain ea, we need estimates for ex and 9.
The angle Q is estimated from micrographs in Garde et al [42] and Smith et al [53] to be
approximately^; /3. We assume a 50% wall thinning, which gives an a value of 0.6 of
the wall thickness remaining after subtracting the thickness loss due to corrosion.
Substituting the following values, 9=TI/3, a = 0.6, n=10, and ex = 0.03 for the local
plastic strain as measured by Garde et al, in Eq. 6 gives an average plastic strain
£fl=0.52%, which agrees well with the measured value of 0.58%. We consider this to



be a validation of the method and apply it to the creep-rupture simulation as shown
below.

We first make the highly conservative assumption, ignoring strain-rate effects, that the
local creep ductility in the creep specimen is equal to the total strain capacity, i.e. elastic
+ plastic, of the Garde et al specimen. The local elastic strain is simply the local stress,
which is roughly 1.7 times the average hoop stress, divided by the elastic modulus.
Thus the total strain in the Garde specimen is approximately 4%. Note that the elastic
strain at dry-storage stress at the time of assumed rupture would be less than 0.1%.
Using Eq.6 with the same values of a and 6, but with n=3, which is valid for creep, we
obtain ea - 1.4%. Adding the elastic component to this value gives an average hoop
strain of 1.5%. This strain is the lower-bound value that would be measured in a
constant-pressure/constant-temperature creep specimen of physical condition similar to
the Garde et al fast pressurization test of spalled cladding. Next, we consider strain rate
effects.

Fuketa et al [54] showed a difference of a factor of 2 between the average residual
strains measured in pressurized hydrided cladding samples tested at two strain rates 3
orders of magnitude apart, (see Figure 19 of the cited paper). Creep strain rates for
dry-storage stresses and temperatures differ by 6 orders of magnitude from fast
pressurization tests conducted by Fuketa et al and Garde et al. Fuketa's results
indicate that if the Garde's test were to be conducted at a pressurization rate 10'3 lower,
the specimen strains would be: ea = 1.16% plastic and ex = 7% (6% plastic + 1%

elastic). With ex = 0.07 as the equivalent creep ductility, Eq.6 gives an average creep
strain value of 2.4%, or a total (elastic + Plastic) strain of 2.5%.

Proposed Strain Criterion
For fuel rods with suspected spallation that have been normally discharged from
reactors, there still exists a greater margin in the cladding strain capacity than is
indicated by either of the 1.5% or the 2.5% values calculated for severely spalled
cladding. This margin can be demonstrated by applying the Garde et al. data to creep
rupture, not directly as shown above, but with the aid of a transfer function using an
energy-based failure model, namely, the Critical Strain Energy Density discussed earlier
in this paper, [43]. The minimum Critical Strain Energy Density Lb is calculated for the
Garde data with spalled oxide to be 4 MPa, as shown before. From earlier calculations
using Eq. 1, a fracture toughness value of 7 MPa m1/2 is determined for a cladding wth
spalled oxide and hydride lens of thickness equivalent to half the cladding wall. Now, let
us consider the spalled-rod situation under creep. With a hoop stress of 120 MPa and a
total strain of 1.5%, we calculate a Strain Energy Density (U) of 1.68 MPa. This gives a
stress intensity factor K| of 4.5 MPa m1/2 compared to a Kb value of 7 MPa m1/2, which
indicates a safety factor of 1.5 against mechanical fracture after a creep strain of 1.5 %
during dry storage. For the 2.5% case, the corresponding safety factor becomes 1.14.

In summary, two limits have been derived for spalled cladding. The first is a lower
bound limit of 1.5% based on the highly conservative assumption that the cladding
strain capacity under creep remains the same as in fast pressurization test, which most
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observers would consider unrealistic. By relaxing this assumption somewhat, a second
limit of 2.5% was derived using the same analytical simulation. Thus, a 2% criterion can
be justified for all cladding types without special consideration given to oxide thickness
orspallation condition.

CONCLUSIONS

• The chemical environment that promotes in-reactor SCC, (PCI failures), is sub-
critical to be operative in dry storage.

• Under the most restrictive conditions, the cladding stress during dry storage
remains below the SCC threshold stress.

• High-burnup effects are insufficient factors for increasing SCC susceptibility
during dry storage.

• There may be troublesome aspects of the cladding thermal history with respect
to DHC and re-crystallization, which can be avoided by limiting high temperature
excursions and cycling during vacuum drying. Other factors, however, come into
play, [see (5) below].

• The continuously decreasing cladding temperature with time, especially if the
initial drying temperature excursions are sufficiently high, can potentially promote
DHC. However, the cladding stress intensity K| for conservatively estimated
incipient cracks remains below the fracture toughness KIH for Stage-I DHC
initiation.

• An acceptance criterion of 2% creep strain that is supported by existing data is
proposed. This value is appropriately characterized as an asymptotic limit, and is
shown to be valid for cladding with spalled oxide.
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