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ABSTRACT

This report is the final report for the research project Melt Structure Water Interac-
tions (MSWI), under the auspices of the APR! Project, jointly funded by SKI, USNRC
and the Swedish and Finnish power companies. The present report describes results
of advanced analytical and experimental studies concerning melt-water-structure inter-
actions during the course of a hypothetical severe core meltdown accident in a LWR.
Emphasis has been placed on phenomena which govern vessel failure mode and timing
and the mechanisms and properties which govern the fragmentation and breakup of melt
jets and droplets. Many of the investigations performed in support of this project have
produced papers which have been published in the proceedings of technical meetings or
in peer-reviewed journals. Copies of selected papers are attached to provide greater detail
to the reader. A short summary of the results presented in these papers is provided in
this overview.

Both experimental and analytical studies were performed to improve knowledge about
phenomena of melt-structure-water interactions. We believe that significant technical
advances were made during the course of these studies. It was found that:

- two-dimensional effects significantly diminished the focusing effect of an overlying
metallic layer on top of an oxide melt (debris) pool. This result significantly improves
the feasibility of in-vessel retention of a melt pool through external cooling of the lower
head.

- phenomena related to hole ablation and melt discharge, in the event of vessel failure,
are affected significantly by crust formation (phase-change process). The crust was found
to be stable, which implies that the temperature difference driving the ablation process
is the melt superheat. The increase in the size of the hole and the melt discharge rate
are, therefore, significantly smaller than previous estimates.

- the jet fragmentation process is a function of many related phenomena. The frag-
mentation rate depends not only on the traditional parameters, e.g. the Weber number,
but also on the melt physical properties, which change as the melt cools down from the
liquidus to the solidus temperature. Additionally, the crust formed on the surface of the
melt jet will also reduce the propensity to fragment.

- film boiling phenomenon was investigated numerically by developing a two-phase
flow model and inserting it in a multi-dimensional fluid dynamics code. It was concluded
that the thickness of the film on the surface of a melt jet would be small and that the
effects of the film on the jet fragmentation process should not be large. This conclusion
is contrary to the modeling employed in some of the codes developed in other places.



The computer codes were developed and validated against the data obtained in the
MSWI Project. The melt vessel interaction thermal analysis (MVITA) code describes
the process of melt pool formation, melt pool convection and the resulting vessel thermal
loadings. The hole ablation modeling in severe accidents (HAMISA) code models the
process of melt discharge and hole ablation. In addition, several innovative models were
developed to describe the melt-water interaction process. The code MELT-3D treats the
melt jet as a collection of particles whose movement is described with a three-dimensional
Eulerian formulation. The model (SIPHRA) tracks the melt jet with an additional equa-
tion, using the level set algorithm (LSA). Both of these.models practically eliminate
numerical diffusion, which significantly reduces the effectiveness of the codes, produced
by other institutions, describing the fuel-coolant interaction (FCI) phenomena.



1 INTRODUCTION

This report describes the studies performed at the Division of Nuclear Power Safety
of Royal Institute of Technology (RIT/NPS) on melt-structure-water interactions that
occur during the progression of a core melt-down accident. These studies, which began in
1994, are sponsored by a consortium consisting of by Statens Karnkraftinspektion (SKI),
the Swedish and Finnish power companies (Vattenfall Ringhals, Forsmark Kraftgrupp
AB, OKG AB, Barseback Kraft AB and TVO), the United States Nuclear Regulatory
Commission (USNRC), the Nuclear Safety Commission of Switzerland (HSK), and the
NKS project belong. Part of the work performed was reported, previously, and published
as an NKS project report [1].

2 BACKGROUND

In the following sections we describe the background for three tasks which will be ad-
dressed here, namely;

1. modeling of the in-vessel thermal loadings during core melt-vessel interaction

2. vessel hole ablation and thermal hydraulics of core melt discharge from the reactor
pressure vessel

3. phenomena of melt-water interactions, with particular emphasis on fragmentation
of a melt jet in water

2.1 Melt-vessel interactions during late phase of in-vessel core
melt progression

During the course of a hypothetical severe (core melt-down) accident in a LWR, molten
core materials may be relocated to the RPV lower plenum in large quantities. Prediction
of the survival and integrity of the RPV lower head during core melt-vessel interactions
has been the subject of several experimental and numerical investigations, for both pres-
surized water reactors (PWRs) and boiling water reactors (BWRs) reactors. A review of
physical phenomena involved in, and results of previous studies related to, the assessment
of RPV thermal loading and vessel failure, can be found in the work by Rempe et al.
(1993) [2].

The present work focuses only on the last phase of in-vessel core melt progression,
i.e. a debris of core materials is assumed to be present in the lower plenum. A thorough



analysis of in-vessel coolability and retention of core melt was performed by Theofanous
et al. (1995) for the AP-600 reactor design, with external vessel cooling [3]. The vessel
thermal loading was examined for the terminal steady-state configuration of a melt pool,
with a set of heat transfer correlations, which were obtained from simulant experiments.
Essentially, a one-dimensional approach was employed with an energy-balance formula-
tion. It was determined that external vessel cooling, as a severe accident management
strategy, provides sufficient thermal margins against the thermal loading imposed.

The current study is motivated by the desire to analyze, a range of in-vessel core melt
progression scenarios, instead of the terminal steady state, for different reactor designs.
In particular, assessments of severe accident management schemes, proposed for existing
PWRs and BWRs, and for advanced LWRs, need to evaluate the timing and modes of
the reactor vessel failure. In addition, recently, the in-vessel debris coolability has been
advocated as a possible mechanism for in-vessel retention of core debris. Evaluation of
these accident management applications necessitate the development of an integrated-
mechanistic-modeling approach to describe and predict in-vessel debris coolability and
retention.

The most-known models for melt pool formation are those incorporated in the codes
MAAP [4] and SCDAP/RELAP [5]. The MAAP model employs the lumped-parameter
approach with transient pool development controlled by energy balances. It employs
chemical heat generation and provides a model for the hypothesized in-vessel coolability.
The pool natural convection heat transfer at its boundaries is obtained through selected
heat transfer correlations.

A model named COUPLE has been added to SCDAP-RELAP code, which performs
a two-dimensional finite element calculation for the heat conduction and the natural
convection processes. Since COUPLE is strictly a heat conduction code, the convective
heat flux at the phase change interface is simulated by means of effective conductivities.
Natural convection is modeled by assigning a large value for thermal conductivity to all
liquefied elements, combined with an effective conductivity to the phase change elements
at the boundary of the liquefied pool. It is worth noting that the thickness of the phase-
change (mushy) region may vary in time and, in the case of a fine computational grid, it
is difficult to allocate a unique mushy node to specify the effective heat conductivity.

2.2 Vessel hole ablation

The newer ABB boiling water reactor (BWR) plants located in Sweden and Finland
employ a severe accident management procedure in which a deep water pool is established
under the vessel, as soon as it becomes clear that the water level in the core may fall
below the top of the fuel. The motivation for this strategy is that the core melt jet will
fragment during its passage through the water and that the coarse particles which are
formed will be cooled permanently within the water pool. The success of this procedure



is predicated upon the judgement, that a large steam explosion, which could threaten
containment integrity during the melt-water interaction, will not occur.

The configuration of the in-vessel melt debris/pool at the time of lower head failure
will be highly dependent upon the accident progression scenario variables up to the point
in time of vessel failure. The extent of core-melt relocation, and the possibility of melt
quenching due to the presence of coolant in the lower plenum regions, are two examples
of such variables. The melt ejection out of the vessel would be governed by the driving
forces (vessel over-pressure, hydraulic head of the melt pool) as well as the melt flow and
heat transfer-induced ablation of the lower head wall around the initial failure site. The
lower head failure location may affect the discharge flow, although eventually, most heat-
generating material could be ejected. The melt discharge rate and other characteristics
(composition, superheat) are important for determining the consequences of the ex-vessel
fuel-coolant interactions (FCIs). Thus, an improved understanding of lower head ablation
during melt discharge through a local failure site, is a necessary step towards defining
the progression of the ex-vessel FCI process [6].

A review of experiments conducted in the past, mainly at Sandia National Laboratory
(SNL), can be found in the paper by Pilch [7]. Pilch also proposed a scaling methodology,
which indicated that the SNL experiments did not fall in the prototypic-condition pa-
rameter range for penetration failures. A review of concepts employed in relevant reactor
safety assessments can be found in [8].

Model development and experiments have been pursued at RIT/NPS in order to gain
an improved understanding of the complicated melt-vessel interaction processes which
occur during vessel failure and melt discharge. Several aspects which govern the hole ab-
lation process such as vessel heat conduction and phase change, melt thermal-hydraulics
in the lower plenum, prior to, and during, the discharge process, melt discharge flow
characteristics, gas blowthrough, and crust formation and its stability, were addressed in
[8] [9]. The continued enlargement of the initial failure site in the RPV lower head is
determined by these processes. It was found that not only integral scaling parameters
(timing and final hole opening) matter, but also the scaling groups for separate compo-
nent processes may change the physical picture under consideration. Furthermore, it was
found that experiments are needed to resolve phenomenological uncertainties associated
with in-hole convective heat transfer, crust formation and stability, and discharge flow
rates.

In earlier RIT/NPS experiments, molten binary oxidic materials (PbO — B-iOz and
CaO — B2O3) were employed as corium simulants. Recent experiments have employed
more prototypic ranges of the integral scaling parameters by using several pairs of simu-
lant materials for melt and plate, namely [molten binary salt mixtures-Cerrobend], [water
- salt-water ice], [paraffin oil - salt-water ice]. Also, large variations in fluid Prandtl num-
ber and discharge flow Reynolds number were covered. These experiments provide a
necessary database for advancing the level of knowledge concerning the governing mass
and energy transfer mechanisms and for validating the predictive capability of the various



empirical correlations which must be employed in such problems.

2.3 Melt-water interactions

During the last 10-15 years, much research has been performed, including both experi-
mental and numerical investigations, concerning the interaction of molten fuel with water.
Fuel-coolant interactions (FCIs) may occur during the course of a severe accident in a
light water reactor (see e.g. Theofanous, 1995 [10]). The nature of FCIs can range from
benign film boiling to explosive interactions. Four distinct phases are thought to occur
during an explosive FCI: pre-mixing, triggering, propagation (or fine fragmentation), and
expansion phases (see a review by Corradini et al., 1988 [11]).

Several large-scale experimental programs and analyses efforts are underway to de-
termine physical mechanisms associated with FCIs and to provide models and methods,
which could be used to predict the consequences of FCIs in reactor accident situations;
see for example recent reviews in Turland and Dobson, 1996 [12], Berthoud, 1996 [13],
Magallon et al., 1995 [14].

Although remarkable progress in the description of the pre-mixing and expansion
phases of the steam explosion has been achieved in recent years, the initial phase of
the FCI process has not been well understood yet. This includes jet break up, droplet
formation and subsequent fragmentation. Research at RIT/NPS is concerned with the
early stage FCI mechanisms i.e. the jet fragmentation, which serves as the source for
premixing. The interaction between a quasi-steady large-diameter (10-15 cm) core-melt
jet and a highly-subcooled and deep water pool at containment pressure is considered.
Such a process is also important for debris formation and subsequent debris coolability.

Previously, such a severe accident scenario in the Swedish BWRs was analyzed by Chu
et al. (1995) [15], using the EPRI/ANL THIRMAL-1 computer code. In that work one
can also find a comprehensive review on jet instability mechanisms and related processes.
In addition, a review of jet break-up mechanisms under isothermal and film-boiling con-
ditions was performed by Burger et al. (1995) [16], where the jet break-up experimental
database was also presented. Several other important experimental and analytical studies,
related to molten jet-coolant interactions performed before the year 1993, were presented
at the previous OECD/CSNI Meeting on "Fuel-Coolant Interactions" at Santa Barbara,
1993 (and published in Vol.155 of Nuclear Engineering and Design, 1995). Therefore, a
full review is not attempted in this report.

It is instructive, however, to note that in the last 2-3 years, studies of jet instabil-
ity were further pursued, analytically, at IKE (Stuttgart, Germany) by Burger and co-
workers, and at CENG (Grenoble, France) by Berthoud and co-workers (Berthoud, 1996
[13]). During this period, several experimental programs were performed. Specifically,
the MIXA, BILLEAU, and QUEOS-tests were conducted, using jet-like configurations of
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hot spheres, in order to obtain data for validation of the pre^mixing models and codes
(Jacobs et al., 1996 [17], Berthoud, 1996 [13]) . The interactions of melt with coolant
were experimentally investigated in FARO (Ispra, Italy) and P REMIX (FzK, Karlshure,
Germany) tests at high temperatures, using both prototypic and thermite melts (Magal-
lon et al., 1995 [14], Berthoud, 1996 [13]), and in JEFRI tests (IKE, Stuttgart, Germany)
at low temperatures, using Wood's metal as jet simulant fluid and freon R113 as coolant.
In high-temperature tests the melt mass was limited, so that a quasi-steady process was
not achieved.

Three approachs to jet fragmentation analysis and modeling can be mentioned.

1. Correlation approach, based on experimental data and appropriate scaling, which
may fail when extrapolating the data to prototypic reactor conditions;

2. One-dimensional models. These models rely on linear stability analysis, with the
hope to develop constitutive physics to describe the transition of melt from a con-
tinuous jet phase into a droplet phase. Further, these models can be categorized by
the jet-linear-stability models they employ (Kelvin-Helmholz in THIRMAL-1 code
[15]; Jeffrey-Miles in IKEJET code [16] and CENG model [13]; Rayleigh-Taylor in
TEXAS code [18]), and the methods used to account for thermal hydraulics of the
ambient fluid (boiling-coolant pool dynamics, film boiling). The one-dimensional
formulation employed in these models poses significant difficulties when implement-
ing a jet fragmentation model into the Eulerian multi-dimensional (2D and 3D)
multifield (e.g. steam, water, melt, debris) premixing codes.

3. Computational fluid dynamics (CFD) models. There have been no attempts to
model the fragmentation of a continuous-phase jet into particles, using CFD meth-
ods (Turland and Dobson, 1996 [12]).

3 OBJECTIVES AND APPROACH

3.1 Melt-vessel interactions during late phase of in-vessel core
melt progression

Although interrelationships between the different heat transfer mechanisms has been
accounted for in such codes and models as MAAP-4 and RELAP5/SCDAP, they remain
restricted to steady-state situations based on a priori configurations of core debris in
the lower plenum. Another aspect of previous modeling works is that they directly
employ empirical heat transfer correlations obtained from simulant and/or small-scale



experiments. This in turn results in uncertainties when applied to reactor scale prototypic
situations; see, for example, Dinh et al. (1996) [19] for a review and analysis of non-
prototypic effects on core melt pool heat transfer calculations.

In order to enhance model predictive capabilities, both integrated (transient) analysis
and a more mechanistic treatment are required. Moreover, thermal processes occurring in
a complex domain must be analyzed in a multi-dimensional formulation, which is crucial
in reducing the uncertainties associated with local heat transfer phenomena. A research
program was initiated and developed at RIT/NPS to provide new knowledge regarding
the relevant heat transfer rates and to support modeling activities. First, higher-order
mechanistic modeling (like CFD) methods are employed to gain insights into the physics
of fluid flow and heat transfer of separate processes or mechanisms; see e.g. [20] [21]
[22]. These insights form a base for developing lower-order mechanistic models (such as
the effective conductivity-convectivity model of melt pool heat transfer [23] and debris
heating and melting model [24]), which maintain major dependencies and enable coupling
with models of other mechanisms and processes. Relatively fast-running 2D models of
separate processes are then implemented in an integrated model for assessments of reactor
accidents. Such a model and code, named MVITA1, was developed, validated and applied
for reactor predictions at RIT [25].

The objectives of the study performed at RIT/NPS on this subject is to develop,
validate and apply the modeling methodology, and the MVITA code for reactor assess-
ments. Notably, the possible presence of a metallic layer above the oxidic pool or debris
is also accounted for in the model. As shown in [3] such a metallic layer might have a
remarkable effect on the vessel thermal loading.

3.2 Vessel hole ablation

Analyses are performed for cases in which a core melt pool was formed inside the RPV
lower head, prior to the melt discharge. The primary objectives are to identify and to
analyze physical mechanisms which may limit the dynamics of the vessel hole enlarge-
ment, and hence to provide bounding assessments of melt discharge flow rates used in
quantification of the consequences of ex-vessel fuel-coolant interactions [6].

First, limiting mechanisms of vessel hole enlargement were identified, with particular
emphasis on scenario- and reactor design-dependent aspects. Second, the experimental
observations and data are employed to assess the major phenomenological uncertainties.
Next, the HAMISA model [8] and computer code, which has been developed at RIT/NPS,
is used to perform simulations. The new information and experimental data obtained was
used to validate the performance of the HAMISA model under high-Reynolds-number
conditions. In particular, the influence of phase change on convective heat transfer, and

1 MVITA stands for Melt Vessel Interaction - Thermal Analysis.



the effect of a finite vessel wall thickness on the discharge coefficient were introduced into
the HAMISA model [26].

Reactor predictions of the vessel hole ablation and core melt discharge processes,
and discussion of their implications, while accounting for limiting mechanisms, are then
considered.

3.3 Melt-water interactions

The aim of research in this area is to investigate molten jet-coolant interactions, limited
to the physical mechanisms which may govern instability and fragmentation of a jet pen-
etrating a coolant pool. Since the experimental database is rather meager and uncertain,
and the validity and applicability of different models is not so clear, a rational synthesis of
the experimental information and calculation results aides in delineating various aspects
of the underlying physics.

Clearly, there are three primary inter-related thermal-hydraulic phenomena:

(i) jet instability and fragmentation;
(ii) film boiling around the high-temperature melt; and
(iii) boiling dynamics in the coolant pool 2.

The major focus being pursued in this work, however, is that the three phenomena
should not be considered in isolation. On one hand, jet fragmentation is a pre-condition
for the premixing. On the other hand, the steam produced, due to mixing of melt and
coolant, affects jet fragmentation for quasi-steady (long-duration) melt jets. Therefore, a
separate effect description is not suitable for such an integrated and synergistic transient
process.

4 FACILITIES

The Nuclear Power Safety laboratory has been built on the Royal Institute of Technology
campus. The general infrastructure of the laboratory has been significantly enhanced over
the last year, allowing for a number of concurrent experimental programs to be conducted
in the available space. The laboratory includes basic infrastructure such as a 5-tonne
overhead crane, lathe, milling and drilling machines, a chemistry room and a variety of
welding rigs. In addition there exists an extensive ventilation system for removing fumes

2Component phenomena of the mixing zone thermal hydraulics include particle-fluid heat transfer,
particle solidification, steam production from a debris collected on the pool bottom, etc.



generated during melt preparation and an 880 kVA power supply. Data is collected on a
Hewlett-Packard data acquisition system and personal computer.

More importantly, the 30-liter melt furnace is now operational. The furnace is used
to generate melt for different experiments, including hole ablation, jet impingement, and
melt jet fragmentation. The operation temperatures of the furnace can be as high as
1400°C, depending upon the type of crucible employed. This provides the capability to
generate both molten salt mixtures as well as binary oxide melts, such as CaO-B2C>3.
Silicon carbide (SiC), crucibles have been found to be compatible with the CaO-B2C>3
melt. The use of SiC crucibles is an important improvement over the previous steel
crucibles since they minimize the amount of impurity introduced into the melt, allow for
faster heating times and also for higher temperatures.

Since, the oxidic simulant CaO-B2O3 is non-magnetic, it is heated inside an induc-
tive crucible, using the 50kW / 25kHz induction generator. The original experiments
were conducted using a crucible and coil capable of 5 liter capacity, while subsequent
experiments have employed larger, 25 and 30 liter, arrangements. Once the melt has
been generated and the desired superheat obtained, the crucible is remotely tipped for
delivering the melt into the particular test section. For hole ablation experiments the
test section consisted of a cylinder mounted on top of an instrumented plate of either Pb
or Al. The plate serves as the vessel wall simulant and a pre-formed hole is placed in the
center of the plate. The hole is initially plugged until all of the melt can be delivered
into the test section, after which a mechanical arm is used to remove the plug and begin
the flow of melt past the hole and thereby the ablation process. Pouring of the melt is
done rapidly to minimize the time for crust layer formation at the upper plate surface
and is typically of the order of 8 seconds. In addition, the test section walls are heated
to minimize solidification of the melt on these walls. The mass discharged through the
ablating hole is collected and weighed as a function of time and a video tape of the abla-
tion process at the bottom surface of the plate is recorded. Thermocouples embedded at
known distances (radially and axially) inside the plates allow for determining the speed
of the ablation front, and thereby the ablating heat transfer rate, as well as indicating
the movement of a crust layer.

The 25 liter induction crucible was also employed for making melts of the binary salt
mixture NaNO3-KNC>3. At its eutectic concentration of 45.5 w/o NaNC>3 and 54.5 w/o
KNO3 the melting point is 224°C, while at a concentration of 20-80 w/o, respectively,
the mixture exhibits a solidus temperature of 235° C and a liquidus temperature of ap-
proximately 290°C. Tests were conducted in which both concentrations of salt mixture
at volumes of more than 20 liters were used to observe the ablation of both Cerrobend
alloy and Sn plates of 50mm thickness.

A separate facility for investigating vessel hole ablation at lower temperatures was
also built and operated. A significant number of tests were conducted, which employed
water as the melt simulant and a plate of salted ice as vessel simulant. Through the
addition of common NaCl to water, the freezing point can be lowered below 0°C. In the
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Figure 1: Schematic of Hole Ablation Experiments.

tests conducted at RIT/NPS, the salt concentration of the ice was maintained as 10 w/o
which provides a freezing point of approximately -9°C. These tests were unique due to
the fact that they employed very large melt volumes (nearly 80 liters), which, in turn,
provided ablation scaling ratios ([7]) applicable to reactor scale penetration-type failures.
Furthermore, a second melt simulant of paraffin oil was utilized in order to examine the
effect of melt viscosity (and also Pr number) upon the ablation dynamics. The tests from
this apparatus allowed for a substantial validation program of the mechanistic HAMISA
code against the experimental data. These results are detailed in papers 2-4 of this report.
A general schematic of the hole ablation test arrangement is given in Figure 1.

A facility for investigating jet-water interactions using low to medium temperature
melts (to observe jet instability and break-up) was also constructed and is currently
being used. The low melting point alloy, Cerrobend, has been the primary simulant used
to represent the melt jet and water has been chosen as coolant. The breakup length
and debris bed particulate characteristics are the key aspects of interest in this study.
Experimentation is conducted which varies the magnitude of melt superheat, coolant
subcooling, jet geometry and velocity. A schematic diagram of this facility is shown in
Figure 2.
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Figure 2: Melt-Water Interaction Facility.

A facility for investigating melt droplet break-up in coolant was modified to produce
larger-diameter melt drops, up to 10 mm in size. Various simulants have been tested,
including the 30-70 w/o CaO-B2O3 oxidic melt, Cerrobend alloy, and Sn. The results
of the preliminary investigation concerning melt droplet breakup are presented in paper
#8. A schematic of the melt droplet breakup apparatus is shown in Figure 3.

Finally, it is instructive to note that large-scale melt-vessel and melt-water interaction
experiments have to be performed in a safety containment. The containment is 4x4x4
m, with a melt-generation crucible on its top. The containment wall is 0.4 m thick and
designed to stand an overpressurization of 0.5MPa.

A number of visualization and measurement technics (including X-ray and high-speed
cameras) were tested and/or rented for use during experimental campaigns. A X-ray and
high-speed video system were also purchased.
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4.1 Melt Simulant Materials

Several new simulant materials were tested, such as binary oxidic materials, CaO —
Fe?Qzi Na%0 — P2O5, on performance and compatibility with crucible. Molten salts
NaNOz — KNOz at eutectic and non-eutectic compositions were also tested and used for
experimentation. The research program relies heavily upon the use of simulant materials
to represent the prototypic corium melt. Often knowledge of the thermal and chemical
properties of these simulants is not well documented in the literature and measurements
of these properties must be performed. Collaborations have been made with Glafo in
Sweden, the Institute of Silicate Chemistry in St. Petersburg and the Institute of Non-
Acqueous Solutions Chemistry in Moscow. For example, the viscosities of the oxidic,
nitrate salt, and Cerrobend alloy melts are provided here as Figures 4, 5 and 6.
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Figure 4: Measured Viscosity of CaO-B2O3 Melt.
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5 RESEARCH PROGRAM PROGRESS

Significant progress was made in experimental facility development. Several important
findings were reached by analysis of the experiments conducted at RIT/NPS. In par-
ticular, it was found that phase-change induced surface roughness is responsible for the
convective heat transfer augmentation under crust formation/vessel ablation condition.
For melt-water interactions, visualization of jet fragmentation in water indicates a minor
role for Rayleigh-Taylor instability (leading-edge breakup).

Analysis-development activities have also resulted in important findings related to (i)
the focusing effect of a metallic layer during late phase of in-vessel core melt progression,
(ii) hole-ablation modeling and HAMISA code validation, and (iii) innovative models of
melt-water interactions, namely the front-capturing method for interface tracking and a
Lagrangian-Eulerian coupling method for coarse mixing and jet fragmentation modeling.
In addition, (iv) a study of film boiling and (v) a study of radiant heat transfer aid the
understanding of the melt jet fragmentation dynamics.

The research program is continuing, and from January 1, 1997 is complemented by
a program titled "Molten Fuel-Coolant Interactions" (MFCI) sponsored by European
Union, in which RIT/NPS will perform experiments on melt jet fragmentation and on
melt drop break-up. Analysis methodology for these processes will also be developed to
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provide a basis for scaling and interpreting the experimental results. The melt-structure-
water interaction program will continue till December 31, 1999, subject to the approval
of the APRI project, U.S. NRC and the Finnish organizations.

6 RESEARCH PROGRAM DESCRIPTION AND
RESULTS UP TO DECEMBER 31, 1996

The research program has resulted in many peer-reviewed publications. We are pre-
senting here a selection which provides, (i) description of the experimental program and
results on vessel hole ablation, melt droplet-water interaction, melt jet fragmentation;
and (ii) description of the analysis models and results dealing with the thermal hydraulic
behavior occurring during the melt-vessel and melt-water interaction processes. Reprints
or pre-prints of twelve papers, whose particulars are listed below, are attached here. In
the following paragraphs, we will provide summaries of the findings reached in these
publications.

6.1 A Selected List of Papers Published

1. B.R. Sehgal, V.A. Bui, T.N. Dinh and R.R. Nourgaliev, "Heat Transfer Processes in
Reactor Vessel Lower Plenum during Late Phase of In-Vessel Core Melt Progression", J.
"Advances in Nuclear Science and Technology", Plenum Publ. Corp, Vol.26, 1997.

2. J. A. Green, W. Dong, T.N. Dinh, and B.R. Sehgal, "Experiments on Melt Jet
Impingement and Vessel Hole Ablation", Proceedings of International Topical Meeting
on Probabilistic Safety Assessment PSA-4, September 29 - October 3, 1996, Park City,
Utah, 1996, pp. 1359-1366.

3. B.R. Sehgal, J.A. Green and T.N. Dinh, "Experimental and Analytical Inves-
tigations of Vessel-Hole Ablation during Severe Accidents", Proceedings of the Fifth
International Topical Meeting on Nuclear Thermal Hydraulics, Operations, and Safety
(NuTHOS-5), Beijing, China, April 1997.

4. T.N. Dinh, J.A. Green, and B.R. Sehgal, "On Mechanisms that Govern the Vessel
Melt Source for Ex-Vessel FCIs", 5th International Conference on Nuclear Engineering,
Nice, France, May 26-30, 1997.

5. T.N. Dinh, A.T. Dinh, R.R. Nourgaliev, and B.R. Sehgal "Numerical Simulation
of Film Boiling Heat Transfer: Modeling Concept and Model Capability". US National
Heat Transfer Conference, 1997, Baltimore, USA,
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6. R.R. Nourgaliev, T.N. Dinh, and B.R. Sehgal, "Parametric Investigation of a
Model of Film Boiling on Horizontal Cylinders", 5th International Conference on Nuclear
Engineering, Nice, France, May 26-30, 1997.

7. T.N. Dinh, A.T. Dinh, R.R. Nourgaliev, and B.R. Sehgal, "Investigation of Film
Boiling Thermal Hydraulics under FCI Conditions: Results of Analysis and a Numerical
Study", 2nd OECD/CSNI Specialist Meeting on Fuel-Coolant Interactions, JAERI-Tokai,
Japan, May 19-21, 1997.

8. T. J. Okkonen and B.R. Sehgal, "Experiments on Melt Droplets Falling into a Water
Pool", 2nd OECD/CSNI Specialist Meeting on Fuel-Coolant Interactions, JAERI-Tokai,
Japan, May 19-21, 1997.

9. R.R. Nourgaliev, T.N. Dinh, and B.R. Sehgal, "Simulation of Multiphase Mixing
by a Particle Transport Model", 5th International Conference on Nuclear Engineering,
Nice, France, May 26-30, 1997.

10. V.A. Bui, T.N. Dinh, and B.R. Sehgal, "Numerical Investigation of Surface Phe-
nomena Using The Front-Capturing Level Set Method", International Symposium on
"Liquid-Li quid Two-Phase Flow and Transport Phenomena", Antalya, Turkey, 1997.

11. V.A. Bui, T.N. Dinh, and B.R. Sehgal, "Analysis of Liquid Jet Instability: Effects
of Physical Properties", International Symposium on "Li quid-Li quid Two-Phase Flow
and Transport Phenomena", Antalya, Turkey, 1997.

12. T.N. Dinh, V.A. Bui, R.R. Nourgaliev, J.A. Green, and B.R. Sehgal, "Exper-
imental and Analytical Studies of Melt Jet-Coolant Interactions: A Synthesis", 2nd
OECD/CSNI Specialist Meeting on Fuel-Coolant Interactions, JAERI-Tokay, Japan, May
19-21, 1997.

7 SUMMARY OF RESEARCH RESULTS

The research work performed at RIT/NPS, within this project, can be divided into three
parts, namely, 1) modeling of the in-vessel thermal loading during core melt-vessel in-
teraction, 2) vessel hole ablation and thermal hydraulics of core melt discharge from the
reactor pressure vessel, and 3) phenomena of melt-water interactions, with particular
emphasis on fragmentation of a melt jet in water.

In the first part, development and application of the MVITA-2D code were performed,
with emphasis on the 'focusing effect' of a metallic layer overlying the oxidic debris or
core melt pool in the reactor vessel lower plenum.
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In the second part, experiments on hole ablation and melt discharge were performed.
Validation of the HAMISA.02 model and code was performed. Calculations were also
performed to analyze relevant prototypical conditions.

In the third part, both experiments and analyses were performed. Innovative models of
melt-water interactions were developed. A concept of melt jet fragmentation is proposed.
Parametrics of melt physical properties was also investigated, experimentally, analytically
and numerically.

7.1 Heat Transfer Processes in Reactor Vessel Lower Plenum
during a Late Phase of In-Vessel Core Melt Progression
(Paper N.I)

Late phase in-vessel core melt progression during the course of a hypothetical severe (melt-
down) accident is considered, with a particular emphasis on thermal processes occurring
in the lower plenum of a light water reactor pressure vessel. The formation of a melt pool
in the lower head of an LWR vessel from the initial state of a uniform composition, dried
out, debris bed is investigated.

The objective of this work is to analyze the effect of various heat transfer mecha-
nisms and phenomena, which are of potential importance to the vessel thermal loading.
In particular, numerical investigation of heat transfer in a metallic layer was performed
for cases with different boundary conditions. A two-dimensional model developed to
simulate heat transfer in naturally-convected, internally-heated corium melt pool and in
metallic layer heated from below. The model solves the energy conservation equation in
general curvilinear coordinates, while also taking into account homogeneous-orthotropic
anisotropic heat conduction. A so-called effective diffusivity-convectivity approach is de-
veloped to describe buoyancy-induced convective and turbulent heat transport by means
of an effective heat conductivity and pseudo-convective terms (effective velocity). Exten-
sive validation results show good agreement between calculated parameters (of energy
splitting, transient and steady temperature fields in the fluid layers and pools, local
heat flux distribution) and measured data from simulant experiments, including cases
with complex boundary conditions, complex geometry, and high Rayleigh numbers. The
method provides a sufficiently mechanistic modeling in an integrated manner.

The 2D modeling methodology was applied to analyze the heat transfer and phase
change processes in the RP V lower plenum in several selected scenarios of core melt-down
accident progression. It was found that a thick crust layer at the pool upper corner, as
well as multi-dimensional heat conduction significantly reduce the effect of the metallic
layer, compared to what was predicted by an energy-balance assessment.
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7.2 Vessel-Hole Ablation and Core Melt Discharge

7.2.1 Experiments on Melt Jet Impingement and Vessel Hole Ablation (Pa-
per N.2)

This paper examines results and analysis of hole ablation and jet impingement experi-
ments conducted at RIT/NPS. Hole ablation tests are conducted using CaO-B2O3 melt
simulant with Pb and Al plates to represent the RPV head material. Experimental ar-
rangement and facility of hole ablation tests are described. Temperature measurement
from hole ablation tests and the method of data processing are also presented.

Results indicate the strong multidimensional behavior of the hole ablation process
with high-viscosity melt. Use of binary oxide metals which exhibit a mushy-zone region
provide evidence of crust behavior during the hole ablation process.

7.2.2 Experimental and Analytical Investigations of Vessel-Hole Ablation
during Severe Accidents (Paper N.3)

This paper presents experimental results, and subsequent analyses, of scaled reactor
pressure vessel (RPV) failure site ablation tests conducted at the Royal Institute of
Technology Division of Nuclear Power Safety (RIT/NPS). The goal of the test program
is to reduce the uncertainty level associated with the phase-change-ablation process, and,
thus, improve the characterization of the melt discharge loading on the containment.
In a series of moderate temperature experiments, the corium melt is simulated by the
binary oxide CaO-B2O3, while the RPV head steel is represented by a Pb plate. A
complementary set of experiments was conducted at lower temperatures, using water as
melt and salted ice as plate material. These experiments scale well to the postulated
prototypical conditions. The multidimensional code H AMIS A, developed at RIT/NPS,
is employed to analyze the experiments with good pre- and post-test predictions. The
effects of melt viscosity and crust surface roughness, along with failure site entrance and
exit frictional losses on the ablation characteristics are investigated.

It was realized that the melt viscosity plays an important role in hole ablation. That
is because the crust layer of melt which can form upon the ablating hole will undoubtedly
exhibit a significant surface roughness. In lower viscosity melts the thickness of the bound-
ary layer is small enough that the surface roughness governs the heat transfer, thereby
minimizing any entrance effects, and producing a much more uniform (one-dimensional)
ablation. In the experimental program, it was found that for the higher viscosity melts
(binary oxide and paraffin oil) the final hole shape was very much two-dimensional, with
a significantly wider "mouth", or upper surface, than the exit. Conversely, with the water
and salt melt simulants the ablation profile may be characterized as one-dimensional. In
all of the experiments, it was clear that the crust boundary condition prevails all the
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time, i.e., the temperature difference driving the ablation is the melt temperature and
the melt liquidus temperature (i.e. AT = Tmen — Tuq). Thus, even though the crust may
be swept out by the melt flow, it re-establishes itself, and the time required for crust
formation appears to be much less than the rate of crust sweep-out.

7.2.3 On Mechanisms that Govern the Vessel Melt Source for Ex-Vessel
FCIs (Paper N.4)

Research conducted at the Royal Institute of Technology (RIT, Stockholm) concerning
reactor pressure vessel hole ablation during a hypothetical light water reactor (LWR)
severe accident is presented. The major physical mechanisms which govern the vessel
hole enlargement during core melt discharge from the reactor vessel lower plenum were
identified and analyzed and substantial insight into these processes has been gained. This
level of understanding has been incorporated into the mechanistic HAMISA code with
excellent results. The remaining uncertainties in prototypical reactor assessments are
primarily attributable to the initial melt conditions and other geometrical aspects at the
time of vessel failure.

Phenomena and factors of potential importance to dynamics of vessel hole enlargement
during core melt discharge from the reactor pressure vessel were identified and analyzed
in the present study. Phenomenologically, the major findings are as follows.

a. It appears that the in-hole crust is stable (or at least exists as a boundary condition)
even under high Reynolds number and high heat flux conditions. Corium, as a binary
oxidic melt, may even help to hasten the crust formation. Some other factors (addition of
cooler mass from melting crust into the melt boundary layer, long hole, reduced entrance
effect) tend to stabilize the crust.

b. The presence of a corium crust layer above the vessel wall reduces the heat up of
the vessel wall during the core melt discharge process. This crust layer significantly limits
the vessel ablation due to the heat capacity (sensible heat and heat of phase change) of
the oxidic material. It also increases the length of the discharge hole and hence affects
the in-hole frictional losses, the hole entrance and exit loss coefficients, and the heat flux
distribution.

c. Accounting for the non-orifice form of the discharge hole leads to a shorter discharge
period for a given melt volume.

d. For low Prandtl number fluids (such as corium), phase change may significantly
affect the convective heat transfer, since phase-change-induced surface roughness may be
thicker than the viscous sublayer at a high Reynolds number condition. This phenomenon
may provide augmentation of the heat transfer coefficient and lead to nearly uniform hole
growth.
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7,3 Film Boiling Analysis and Modeling

Investigations performed in the present study on melt-water interactions are devoted to
(a) film boiling thermal hydraulics, (b) droplet fragmentation, (c) coarse mixing and
fragmentation of melt jet.

7.3.1 Numerical Simulation of Film Boiling Heat Transfer: Modeling Con-
cept and Model Capability (Paper N.5)

This paper presents a new concept of heat transfer computation in the film boiling regime.
The model, named Local Homogeneous Slip Model (LHSM), is based on the system of
Navier-Stokes equations and the energy-conservation equation written in an enthalpy for-
mulation. The thermodynamic and transport properties in the two-phase mixing region
are modeled by the vapor mass quality-weighted and void-weighted correlations. The
model is applied to simulate the natural convection film boiling on long vertical heated
surfaces.

Results of the numerical simulations show that the model is capable of describing
major trends and dependencies in film boiling heat transfer. Results of sensitivity analysis
and aspects of the model future developments are discussed in the paper.

Specifically, LHSM predicted the self-similar heat transfer regime in the region far
enough from the leading edge. Furthermore, in case of fine nodalization of the near-wall
region, LHSM predicted the wave structure of the vapor-liquid interface. Nevertheless,
the simulation of the high-temperature water film-boiling experiments showed that proper
modeling of radiative heat transfer and its effect on film-boiling convective heat transfer
is needed to provide a better agreement of the calculated results with the measured heat
fluxes. Furthermore, sensitivity analyses revealed that the model is sensitive to the slip
factor, which may also vary for different working fluids.

7.3.2 Parametric Investigation of a Model of Film Boiling on Horizontal
Cylinders (Paper N.6)

This paper presents results of numerical investigation of film boiling heat transfer and flow
structure by means of local-homogeneous-slip model. Performance of this model is ex-
amined against experimental data of Nishio and Ohtake, obtained for natural-convection
film boiling of freon R113 around horizontal cylinders of large and medium diameters.

The calculated results demonstrate the capability of the model to describe both the
surface-average and local distributions of heat transfer coefficient under film boiling con-
ditions. In particular, convective waves on liquid-vapor interface were predicted.
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Sensitivity analyses revealed significant dependence of the local and surface-average
heat transfer coefficients on the slip factor. The increase in slip factor leads to higher heat
fluxes. With relatively high slip factors, convective waves on the liquid-vapor interface
were predicted. Characteristic wavelengths of these waves are in a good agreement with
experimental observations. It was also found that the model is not sensitive to the
variations of thermophysical properties in the mixed (two-phase) region.

7.3.3 Investigation of Film Boiling Thermal Hydraulics under FCI Condi-
tions: Results of Analysis and a Numerical Study (Paper N.7)

Film boiling on the surface of a high-temperature melt jet or of a melt particle is one
of key phenomena governing the physics of fuel-coolant interactions (FCIs) which may
occur during the course of a severe accident in a light water reactor (LWR). A number
of experimental and analytical studies have been performed, in the past, to address
film boiling heat transfer and the accompanying hydrodynamic aspects. Most of the
experiments have, however, been performed for temperature and heat flux conditions,
which are significantly lower than the prototypic conditions. For ex-vessel FCIs, high
liquid subcooling can significantly affect the FCI thermal hydraulics. Presently, there are
large uncertainties in predicting natural-convection film boiling of subcooled liquids on
high-temperature surfaces.

In this paper, research conducted at the Division of Nuclear Power Safety, Royal In-
stitute of Technology (RIT/NPS), Stockholm, concerning film-boiling thermal hydraulics
under FCI condition is presented. In particular, the focus is placed on the effects of (1)
water subcooling, (2) high-temperature steam properties, (3) the radiation heat trans-
fer and (4) mixing zone boiling dynamics, on the vapor film characteristics. Numerical
investigations are performed using a novel CFD modeling concept named as the local-
homogeneous-slip model (LHSM). Results of the analytical and numerical studies are
discussed with respect to boiling dynamics under FCI conditions.

In particular, a detailed model of radiation heat transfer was introduced, so the local
absorptions of radiation heat in vapor and liquid are calculated and represented as energy
sources in the energy equation. The study also highlights significant uncertainties in
predicting film boiling heat transfer associated with physical properties of the emitting
surface and of vapor under prototypic FCI conditions. The synthesis performed provides
a better understanding of the phenomenology of film boiling under FCI conditions.

The major findings are as follows:

Analyses, performed by accounting for the radiation (absorption) properties of steam
and water under prototypic FCI conditions, showed that the effect of (bulk) liquid sub-
cooling on film boiling characteristics decreases with increase of the melt surface temper-
ature. This is attributed to the deep penetration of significant portions of the radiative
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heat flux (of wavelengths c£ Ifim) into the body of liquid next to the vapor-liquid inter-
face.

The convective film-boiling heat transfer coefficient is found to be sensitive to the
surface temperature in the range 1600K to 3300K, since the steam thermal conductivity,
and other physical properties, change radically in this temperature region.

When analyzing film boiling on a long vertical rod the LHSM predicts that film boiling
heat removal rate (and the time-average vapor film thickness) becomes independent of
the location after some distance from the leading edge of the heated section. This is in
good agreement with available experimental data.

It is expected that the wavy structure of vapor-liquid interface will govern the film
boiling heat transfer and flow dynamics under high-temperature conditions. In such cases,
a thin vapor film is predicted, and, the vapor velocity in the vapor film is relatively low.
Low density and high dynamic viscosity of the steam at high temperatures will further
keep the vapor film flow laminar.

The paper provides the LHSM prediction results for film boiling of water on high-
temperature vertical surfaces, taking into account the above factors and phenomena.
These results can be used in assessments of film boiling around a core melt jet fragmenting
in a coolant pool.

The prototypic FCI conditions of a core melt jet fragmenting in a subcooled water
pool may involve a complex picture of the two-phase mixing zone. The thickness of this
zone, and its boiling dynamics, is partly determined by the thermal interactions between
the melt particles, stripped from the jet body, and the coolant pool. Even in these cases,
the results of analyses and numerical simulation indicate that the pure vapor film remains
thin (~ 1 to 3 mm). As a result, the thin vapor film may act like an incompressible layer,
which does not significantly affect macroscopic momentum exchange between the large-
diameter melt jet and the ambient fluid. The two-phase mixing zone (with a homogenized
density) acts, in this case, as the ambient fluid.

7.4 Droplet and Jet Fragmentation

7.4.1 Experiments on Melt Droplets Falling into a Water Pool (Paper N.8)

This paper presents experimental data and analysis related to melt droplets falling into
a water pool. A binary CaO-BjOs melt mixture is used to study the influence of melt
superheat and water subcooling on droplet deformation and fragmentation.

For the conditions studied (We < 1000), the surface tension of the melt droplet
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and the film boiling stability greatly affect the fragmentation behaviour. If the melt
temperature is between the liquidus and solidus point (mushy zone) or if the film boiling
is stable due to a relatively low subcooling, the droplet deformation and fragmentation
are mitigated.

This behaviour can be related to the effective Weber number (We) of the melt droplet
upon entry into the water pool. Similar phenomena can be expected also for interac-
tions of corium (UO2-ZrO2) and water, which are characterized by a potentially fast
transformation of melt into the mushy zone and by particularly stable film boiling.

The first result of the experiments with CaO-BjOs and tin droplets dropped into a
water pool is that the fragmentation behaviour can be significantly changed when the
droplet is mushy and the surface tension is therefore higher. Most importantly, the
change may be large enough that no fragmentation occurs; and the initially spherical
droplet experiences only deformation or no deformation at all.

The second result is that gas entrainment and film boiling can similarly affect the
fragmentation or deformation process. If the droplet enters the coolant liquid phase
from a gas or coolant vapor phase, the acceleration-induced deformation process can be
mitigated. After the gas bubble separates from the melt droplet, temporary or stable
film boiling can decrease the effective Weber number. The critical water subcoolings
observed for deformation of CaO-B2C>3 and tin droplets agreed with the minimum film
boiling temperatures given by the correlation of Kondo et al. (1995) [27], as based on
the experimental conditions leading to a fast melt jet breakup. In this respect, the melt
droplets behaved similarly to a melt jet.

The above results are both relevant to corium droplets that fall into a water pool or
enter the coolant liquid phase from the coolant vapor phase (through a vapor film or a
more voided region). The phase transformation from a superheated corium droplet to a
mushy one can be a particularly fast process and the high melt temperature makes film
boiling very stable even in highly subcooled water. Together, these factors make corium
droplets unique in comparison to other typical melt materials.

7.4.2 Simulation of Multiphase Mixing by a Particle Transport Model (Pa-
per N.9)

This work aims at developing a method for multidimensional analysis of multiphase
mixing associated with fragmentation of a corium jet in a water pool during the course
of a hypothetical severe (core melt-down) accident in a LWR.

Melt or debris movements are simulated by a particle transport model in a Lagrangian
formulation, while thermohydraulic conditions of the surrounding medium are obtained
from solution of the Navier-Stokes and energy-conservation equations written in an Eu-
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lerian formulation.

The Lagrangian and the Eulerian solutions are coupled and advanced in time, with
source terms included to model the interactions between the particle and the continuum
phases.

This paper examines hydrodynamic aspects of the modeling method. The valida-
tion of the method against isothermal solid-sphere BILLEAU and QUEOS experiments
is presented. Satisfactory agreement between the calculated results and experimental
observations of solid-sphere phase distribution was obtained.

Aspects of further model development, validation and application are discussed. It
was found that the method is computationally robust, inexpensive and does not encounter
problems of excessive numerical diffusion and oscillations, which usually result from the
Eulerian representation of the melt phase.

7.4.3 Numerical Investigation of Surface Phenomena Using The Front-
Capturing Level Set Method (Paper N.10)

In this work surface phenomena, associated with Rayleigh-Taylor and Kelvin-Helmholtz
instabilities, on the liquid-liquid interface are numerically investigated using an advanced
front-capturing algorithm, called Level Set Method. The modeling approach allows to
take into account the effect of interface presence as well as flow field characteristics
on the hydrodynamics of phases and interface and, at the same time, minimize the
numerical diffusion, which usually plagues the implementation of finite-difference schemes
for such problems. Moreover, the method also provides a natural way to take into account
interfacial effects, such as surface tension and curvature.

In this study, the Level Set algorithm was implemented into a high-order Navier-Stokes
solver and applied to investigate several surface instability phenomena. The modeling ap-
proach and program procedures were applied to analyze jet progression, shear instability,
and bubble/drop deformation in a flow field. It was found that under given conditions
the development of the surface instabilities is generally non-linear.

Numerical analyses were performed to investigate the effects of surface tension, vis-
cosities, and velocity distribution on the development of instability waves and surface
deformation around the interface. Note that these factors are difficult to account for in
the linear or non-linear stability analyses.

Numerical sensitivity analysis was performed, which helps to identify the effects of
physical parameters and flow field on the surface phenomena. The Level Set method was
shown to be a good instrument to gain insights into the physical processes related to the
phase interface.
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7.4.4 Analysis of Liquid Jet Instability: Effects of Physical Properties (Pa-
per N . l l )

Linear stability analysis has been applied in this work to investigate potential effects of
different physical parameters and properties on the Kelvin-Helmholtz instability behavior
of a cylindrical liquid jet.

Particular attention is given to the case, where ambient-fluid density and viscosity
can play an important role in the development of the jet instability. Dispersion equations
were derived for the instability of a cylindrical jet, while taking into account jet and
ambient viscosities as well as the asymmetric instability modes. Direct solution of these
equations, without further simplifications, was attempted.

It was found that in the general case of liquid-liquid contact mode, jet instability is
governed not only by the symmetric (zero) mode, but also by asymmetric modes. In some
cases, the growth rate of asymmetric modes can exceed that of the symmetric mode.

The analysis also revealed that the jet material surface tension has a far more impor-
tant stabilizing effect than jet viscosity. In fact, while the jet viscosity was found to have
some effect on the jet stability, the effect the ambient-fluid viscosity is insignificant.

The density ratio (between jet and ambient fluid) was seen to have the most important
influence on jet stability. The analysis also indicated that the values of reference densities
are, themselves, also important.

Up to now, the breakup length has been considered as the principal parameter rep-
resenting jet instability. This parameter, in general, can not be defined from only the
growth rate of the symmetric mode, when the growth rates of other asymmetric modes
are comparable to that of the symmetric mode.

7.4.5 Experimental and Analytical Studies of Melt Jet-Coolant Interactions:
A Synthesis (Paper N.12)

Instability and fragmentation of a core melt jet in water have been actively studied during
the past ten years. Several models, and a few computer codes, have been developed.
However, there are still large uncertainties, both in interpreting experimental results and
in predicting reactor-scale processes. Steam explosion and debris coolability, as reactor
safety issues, are related to the jet fragmentation process. A better understanding of
the physics of jet instability and fragmentation is crucial for assessments of fuel-coolant
interactions (FCIs).

This paper presents research, conducted at the Division of Nuclear Power Safety,
Royal Institute of Technology (RIT/NPS), Stockholm, concerning molten jet-coolant in-
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teractions, as a precursor for premixing. First, observations were obtained from scoping
experiments with simulant fluids. Second, the linear perturbation method was extended
and applied to analyze the interfacial-instability characteristics. Third, two innovative
approachs to CFD modeling of jet fragmentation were developed and employed for anal-
ysis.

The focus of the studies was placed on (a) identifying potential factors, which may
affect the jet instability, (b) determining the scaling laws, and (c) predicting the jet behav-
ior for severe accidents conditions. In particular, the effects of melt physical properties,
and of the thermal hydraulics of the mixing zone, on jet fragmentation were investigated.

In the present study, the quasi-steady state of ex-vessel jet-coolant interactions is
considered. The instability and fragmentation of a high-density, high-velocity, high-
temperature and large-diameter jet in a deep highly-subcooled water pool is considered.
For such a situation, we propose that jet fragmentation is a function of the macroscopic
interactions (momentum exchange) between the jet body and the ambient coolant pool
and not that of the interfacial interactions. This 'macrointeraction concept' of jet frag-
mentation is based on the synthesis of the experimental observations, the results of the
linear stability analyses and the results from CFD modeling of jet fragmentation as sum-
marized below.

First, it was found from the investigation of film-boiling thermal hydraulics that the
pure vapor film is very thin, even under prototypic high-temperature FCI conditions. If
it exists, such a vapor film, separating a melt jet and a two-phase (boiling) coolant pool,
acts like an incompressible layer, which does not significantly affect the macroscopic-scale
momentum exchange between the jet and the surrounding medium.

Second, the analyses of the relevant jet-fragmentation data base, and observations
obtained at the RIT/NPS laboratory, appear to show that the voiding of the coolant pool,
as the environment for the jet-coolant interactions, is the major factor which determines
characteristics of jet breakup. It was found that greater phenomenological uncertainties
are associated with the pool conditions, rather than with the vapor-film characteristics,
or with microscopic characteristics of surface instability mechanisms.

Third, the results of jet fragmentation modeling by CFD-based methods show that
the macroscopic hydraulic parameters, such as the initial relative (jet-pool) velocity, the
transient flow pattern and the density of melt and the effective density of coolant, greatly
affect the jet dynamics and the melt distribution.

Fourth, the leading edge breakup (Rayleigh-Taylor) was noticed only in experiments
with low density ratio (jet fluid/coolant fluid) and for cases of low jet velocity and small jet
diameter. In addition, it was found from the CFD simulation results that the jet leading
edge behavior is largely governed by the coolant flows, induced by the jet penetration
into the small-dimension tanks, used in experiments.
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Fifth, it was found from visual observations for the jet-coolant (liquid-liquid) contact
mode and from the results of the linear perturbation analysis, that at high Weber numbers
both symmetric mode and asymmetric modes may become equally important for the jet
instability. Furthermore, it is likely that the large perturbation growth rate and the
dominance of short instability waves will induce jet atomization.

Finally, using an idealized formulation of liquid-liquid contact, it was found from
the linear stability analysis that the jet-fluid viscosity and the ambient-fluid viscosity
have only minor effects on the jet stability characteristics. However, the experimental
observations and the results of CFD modeling demonstrate that the viscosities of melt
and coolant may greatly affect (i) the sequential fragmentation of the ligaments stripped
off the jet body and, hence, the length scale of the particles; and (ii) the characteristics
of the particle cloud (its lateral dispersion), which may feedback to the jet stability, by
creating vapor clouds in the coolant.

The present study indicates the need for further experimental and analytical investiga-
tion of melt-jet dynamics in two-phase media as well as of mixing-zone thermal hydraulics
during jet fragmentation. The methods developed in this study will be further refined
and employed for scaling and design of jet fragmentation experiments at RIT/NPS.

8 CONCLUDING REMARKS

We believe that much progress was achieved in the MSWI Project research at RIT/NPS.

Both experimental and analytical studies were performed to improve knowledge about
phenomena of melt-structure-water interactions. We believe that significant technical
advances were made during the course of these studies. It was found that:

- two-dimensional effects significantly diminished the focusing effect of an overlying
metallic layer on top of an oxide melt (debris) pool. This result significantly improves
the feasibility of in-vessel retention of a melt pool through external cooling of the lower
head.

- phenomena related to hole ablation and melt discharge, in the event of vessel failure,
are affected significantly by crust formation (phase-change process). The crust was found
to be stable, which implies that the temperature difference driving the ablation process
is the melt superheat. The increase in the size of the hole and the melt discharge rate
are, therefore, significantly smaller than previous estimates.

- the jet fragmentation process is a function of many related phenomena. The frag-
mentation raet depends not only on the traditional parameters, e.g. the Weber number,
but also on the melt physical prospects, which change as the melt cools down from the
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liquidus to the solidus temperature. Additionally, the crust formed on the surface of the
melt jet will also reduce the propensity to fragment.

- film boiling phenomenon was investigated numerically by developing a two phase
flow model and inserting it in a multi-dimensional fluid dynamics code. It was concluded
that the thickness of the film on the surface of a melt jet would be small and that the
effects of the film on the jet fragmentation process should not be large. This conclusion
is contrary to the modeling employed in some of the codes developed in other places.

The computer codes were developed and validated against the data obtained in the
MSWI Project. The melt vessel interaction thermal analysis (MVITA) code describes
the process of melt pool formation, melt pool convection and the resulting vessel thermal
loadings. The hole ablation modeling in severe accidents (HAMISA) code models the
process of melt discharge and hole ablation. In addition, several innovative models were
developed to describe the melt-water interaction process. The code MELT-3D treats the
melt jet as a collection of particles whose movement is described with a three-dimensional
Eulerian formulation. The model (SIPHRA) tracks the melt jet with an additional equa-
tion, using the level set algorithm (LSA). Both of these models practically eliminate
numerical diffusion, which significantly reduces the effectiveness of the codes, produced
by other institutions, describing the fuel-coolant interaction (FCI) phenomena.

These studies are continued in the current research program at RIT/NPS sponsored
by the Swedish Nuclear Power Inspectorate (SKI), US NRC, the European Union, Nuclear
Safety Commission of Swtizerland (HSK), Swedish and Finnish Power Companies (Vat-
tenfall Ringhals, Forsmark Kraftgrupp AB, OKG AB, Barseback Kraft AB and TVO).
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HEAT TRANSFER PROCESSES IN REACTOR VESSEL
LOWER PLENUM DURING LATE PHASE OF
IN-VESSEL CORE MELT PROGRESSION

B.R. Sehgal, V.A. Bui, T.N. Dinh, and R.R. Nourgaliev
Division of Nuclear Power Safety
Royal Institute of Technology
Brmellvagen 60, S-10044 Stockholm, Sweden

ABSTRACT

Late phase in-veesel core melt progression during the course of a hypothetical severe (melt-
down) accident in a light water reactor (LWR) is considered, with particular emphasis on
thermal processes occurring in the lower plenum of the reactor pressure vessel (RPV). The
formation of a melt pool, from the initial state of a uniform composition, dried out, debris bed,
is investigated.

The objective of this work is to analyze the effects of various heat transfer phenomena,
which are of potential importance to the vessel thermal loading. In particular, numerical
investigation of heat transfer in a metallic layer was performed for cases with different boundary
conditions. A two-dimensional model was developed to simulate heat transfer in naturally-
convected, internally-heated corium melt pool and in metallic layer heated from below. The
model solves the energy conservation equation in general curvilinear coordinates, while taking
into account homogeneous-orthotropic anisotropic heat conduction. A method is developed
to describe buoyancy-induced convective and turbulent heat transport by means of effective
heat conduction and pseudo-convective (effective velocity) terms. Extensive validation was
performed with analyses of simulant experiments and good agreement was obtained between
calculated parameters (energy splitting, transient and steady temperature fields, local heat flux
distributions) and measured data. These included cases with different boundary conditions,
and geometries, and high Rayleigh numbers. This method provides a sufficiently mechanistic
modeling in an integrated manner.

The method was applied, in two-dimensions, to analyze the heat transfer and phase change
processes in the RPV lower plenum in several selected scenarios of core melt-down accident
progression. It was found that the multi-dimensional representation of heat conduction in, and
melting of, the vessel wall significantly reduce the 'focussing effect' of a thin metallic layer
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resident on top of an oxidic melt pool, compared to the earlier predictions of thermal loadings
at the vessel wall obtained with 1-D representation.

1 INTRODUCTION

During the course of a hypothetical severe (core melt-down) accident in a LWR, molten core
materials may be relocated to the RPV lower plenum in large quantities. Prediction of the
survival and integrity of the RPV lower head during core melt-vessel interactions has been
the subject of several experimental and numerical investigations, for both pressurized water
reactors (PWRs) and boiling water reactors (BWRs) reactors. A review of physical phenomena
involved in, and results of previous studies related to, the assessment of RPV thermal loading
and vessel failure, can be found in the work by Rempe et al. (1993) [1].

The present work focuses only on the last phase of in-vessel core melt progression, i.e. a
debris of core materials is assumed to be present in the lower plenum. A thorough analysis
of in-vessel coolability and retention of core melt was performed by Theofanous et al. (1995)
for the AP-600 reactor design, with external vessel cooling [2]. The vessel thermal loading was
examined for the terminal steady-state configuration of a melt pool, with a set of heat transfer
correlations, which were obtained from simulant experiments. Essentially, a one-dimensional
approach was employed with an energy-balance formulation. It was determined that external
vessel cooling, as a severe accident management strategy, provides sufficient thermal margins
against the thermal loading imposed.

The current study is motivated by the desire to analyze a range of in-vessel core melt
progression scenarios, instead of the terminal steady state, for different reactor designs. In
particular, assessments of severe accident management schemes, proposed for existing PWRs
and BWRs, and for advanced LWRs, need to evaluate the timing and modes of the reactor vessel
failure. In addition, recently, the in-vessel debris coolability has been advocated as a possible
mechanism for in-vessel retention of core debris. Evaluation of these accident management
applications necessitate the development of an integrated-mechanistic-modeling approach to
describe and predict in-vessel debris coolability and retention..

The most-known models for melt pool formation are those incorporated in the codes MAAP
[3] and SCDAP/RELAP [4]. The MAAP model employs the lumped-parameter approach with
transient pool development controlled by energy balances. It employs chemical heat generation
and provides a model for the hypothesized in-vessel coolability. The pool natural convection
heat transfer at its boundaries is obtained through selected heat transfer correlations.

A model named COUPLE has been added to SCDAP-RELAP code, which performs a
two-dimensional finite element calculation for the heat conduction and the natural convection
processes. Since COUPLE is strictly a heat conduction code, the convective heat flux at the
phase change interface is simulated by means of effective conductivities. Natural convection is
modeled by assigning a large value for thermal conductivity to all liquefied elements, combined
with an effective conductivity to the phase change elements at the boundary of the liquefied
pool. It is worth noting that the thickness of the phase-change (mushy) region may vary in
time and, in the case of a fine computational grid, it is difficult to allocate a unique mushy node
to specify the effective heat conductivity.
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Although interrelationship between different heat transfer mechanisms has been accounted
for in such codes and models^ they remain restricted to quasi-steady-state situations, based on
a priori configurations of core debris in the lower plenum. Another aspect of previous modeling
efforts is that they directly employ empirical heat transfer correlations obtained from simulant
and/or small-scale experiments. This approach has uncertainties, when extended to reactor
scale prototypic situations; see, for example, Dinh et al. (1996) [5] for a review and analysis of
non-prototypic effects on core melt pool heat transfer calculations.

A research program was initiated and developed at the Royal Institute of Technology (BIT,
Stockholm) to provide new knowledge regarding the relevant heat transfer rates and to support
modeling activities. First, multi-dimensional computational fluid dynamics (CFD) methods
are employed to gain insights into the melt natural convection and heat transfer processes; see
e.g. [6] [7] [8]. These insights formed the basis for developing mechanistic models (such as the
effective conductivity-convectivity model of melt pool heat transfer [9] and debris heating and
melting model [10]), which maintain major dependencies, and enable coupling with models for
other processes. Relatively fast-running two-dimensional (2D) models of separate processes are
then implemented in an integrated model for assessments of reactor accidents. Such a model,
named MVITA 1, was developed, validated and employed for reactor predictions at RIT [11].

The objectives of the present paper are to describe the modeling approach, the MVITA
model development, validation and application. Notably, the effects of the possible presence of
a metallic layer above the oxidic pool, or debris, have also been incorporated in the MVITA
model. Such a metallic layer was found to have a profound 'focussing' effect [2] to enhance
thermal loading in the vessel wall region adjacent to the metallic layer.

2 MODELING OF NATURAL CONVECTION HEAT TRANS-
FER IN CORE MELT POOL

2.1 Background

Natural convection heat transfer in a core melt pool has been the major focus of a number of
studies. These studies have been supported by experimental programs conducted at various
facilities. The COPO experiments, conducted in Finland, have provided data for heat fluxes as
functions of the azimuthal angle for a two-dimensional slice representation of the torospherical
lower head of the Loviisa reactor [12]. The UCLA experiments [13] have employed a three-
dimensional vessel head at considerably smaller scale than the COPO facility. A program named
BALI [14] has been in progress in France, using a full scale slice geometry representation of a
the spherical lower head of the French PWRs. These experimental programs have used simulant
materials to represent the corium melt and the vessel wall. An OECD/Russian experimental
program, named RASPLAV, using prototypic materials for core melt and vessel is also in
progress at the Kurchatov Institute, Moscow.

Heat removal in the large decay-heated core melt pool, resident in the lower head of the
vessel of a LWR, is through natural circulation flows at high Rayleigh number (1014 — 1016).
The flow regime is turbulent and the imposed heat flux on the vessel wall varies greatly over

1 MVITA stands for Melt Vessel Interaction - Thermal Analysis.
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the azimuthal angle. A significant fraction of the heat generated in the pool has to be removed
through its upper cooled surface. It has been observed that the flow in the upper pool portion
is unsteady, with countercurrent flows of ascending plumes and falling cooled blobs. Heat
transfer to the side wall is controlled by the boundary layers developed in the flows moving
downwards along the cooled wall, thereby varying the imposed heat flux on the vessel wall
along the azimuthal angle. The COPO data [12], measured at Rayleigh numbers of 1014-1015,
have shown that the heat flux is extremely low at the bottom part of the head, but rises to
substantial values in the upper elevations of the head; and along the vertical wall of the vessel.
This measured behavior is actually beneficial, since the heat removal capability, due to the
boiling process on the outside surface of the vessel wall, also varies in the same fashion; and a
good matching may be obtained.

Prediction of the heat fluxes, in prototypical situations [2], have relied primarily on measured
correlations ([12] [23] [27] [28]). Calculations based on representation of the turbulence in the
high-Rayleigh-number melt pool, through the standard (k—e) models, have not been successful,
since analyses of the COPO and the UCLA experiments, performed with these models, have
shown large discrepancies between the measured and the calculated results. It has been found
that advanced turbulence models, would be needed to correctly predict the flow field, and the
heat transfer characteristics, of the unstably-stratified region of high-Rayleigh-number melt
pools [6],[7].

Studies have been performed to develop and validate a theoretical model of natural con-
vection heat transfer in heat-generating pools, in which only the heat conduction equation is
solved over the pool domain; and the effect of natural convection flows is accounted for by
effective directional heat conductivities. This effective diffusivity model was successfully used
to describe the natural convection heat transfer in fluid layers and pools with simple boundary
conditions (one cooled surface) [15] [16]. However, its validation for more prototypic boundary
conditions is not yet available.

In the next section, a novel simulation method, based on an effective conductivity-convectivity
approach, is introduced.

2.2 The Effective Conductivity-Convectivity Model (ECCM)

The mathematical formulation of the heat transfer problem is based on the energy conser-
vation equation:

^ + V • (pcVT) = V • (kVT) + Qv. (1)

In this study, the temperature distribution T in the pool is assumed to be axisymmetric, two-
dimensional, and governed by the energy conservation equation, while taking into account the
transient homogeneous-orthotropic anisotropic heat conduction process [17].

(2)
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with gx — —kx ' gradT, qy = — ky • gradT. qx, qy, kXy and kv are the heat fluxes and (effective)
heat conductivities on the vertical (x) and horizontal (y) directions, respectively; U, V are the
(effective) vertical and horizontal velocities; n has the value 0 in the Cartesian coordinate system
and 1 in the axisymmetric, cylindrical coordinate system. This equation is then rewritten for
a general curvilinear coordinate system [x = x(£, rf), y — y(£, rj)] in order to account for
the geometry of liquid (melt) pools. Such complex geometry pools are divided into several
computational domains, which are 'sewn' together by a special computational treatment.

Numerical method: The resulting energy conservation equation in a general curvilinear
coordinate system (£, rj) has the following form [18]

a (PtkxdT\ d //?„

where
J = xnj, J = xtfr, - ViXr,; U = x^U - y^V, V = y^V - xvU,

t = xnhshl/J; <xn = xnhvh\lJ; fa = xnhxhn/J; /?„ = xn

kxy% + kyx\ _ kxy\ + kyx\
^ K

(3)

(4)

(5)

(6)

(7)

Figure 1: A computational control volume.

The energy conservation equation is solved iteratively in all computational domains, using
control-volume methodology [19]; Fig.l. The values of temperature on the inter-domain bound-
aries are redefined after each iteration, and are used as the domain boundary conditions for the
next iteration. The convergence of iterative procedure is controlled by the energy balance.

The modeling approach: The major features of the modeling approach are based on the
observed flow fields. It can be stated as follows. The heat transfer inside the natural-convection
liquid (melt) pool with a volumetric energy source, is assumed to be driven by two mechanisms:
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(a) the vertical upward movement of plumes delivering heat to the upper boundary; and (6) the
horizontal heat transfer to the cooled side wall through the liquid boundary layer developing
downwards along the cooled curved wall.

In the present work, the first heat transfer mechanism is modeled using a new method
(named the effective convectivity approach), in which the convective heat transfer is defined
through the heat transfer coefficients on the boundaries of the melt pool. For decay-heated
melt pools, the horizontal velocity is neglected and the effective upward velocity is estimated
by the simple heat balance equation.

The second mechanism is modeled by means of the effective diffusivity approach, in which
the horizontal heat conduction coefficient kx for a vertical position y is obtained from the heat
transfer coefficient as a function of boundary-layer development length, counted from the upper
edge of the pool side wall, expressed as an Eckert-type correlation. Thus, the horizontal velocity
component V is neglected and the vertical heat conductivity is assumed unchanged ky = k.

2.3 Model derivation and basic validation

In this section expressions for effective velocity U and effective conductivity kx are derived,
based on consideration of the three simple cases of internally heated pools, i.e., fluid layers.

2.3.1 Fluid layer cooled from top (effective vertical velocity in the unstably-
stratified region)

6 = const

'max

Figure 2: A fluid layer cooled from the top.

The natural convection in a heat generating fluid layer cooled from its top (Fig.2) is
characterized by an unstably stratified flow pattern, in which the average flow moves mainly
upwards and carries most of the heat generated within the volume to the isothermally-cooled
boundary. Simultaneously, cooled liquid tongues fall down in a chaotic manner, carrying liquid
mass back to the lower region of the fluid layer. In this a fluid layer, the time-averaged velocity
is zero. The time-averaged temperature distribution within the fluid layer is quite uniform,
except for the very top part near the cooled surface. In such a case the heat may be assumed
to be removed from the fluid layer, only, by the average flow with upward velocity U, that
may be defined from the heat balance equation pell A T = QVL. Thus, turbulent upward
heat transport is represented by an effective velocity U. Expressing the relation between heat
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flux QVL and temperature difference AT through a Nusselt number, we obtain the following
expression for U:

U — —r~r= = — Nuur) (8)
pcAT L p v }

where Nuup may be determined from the experimental correlation by Kulacki et al. [20] [21]:

Nuup = 0.338 Ra0227. (9)

It should be noted here that the effective upward velocity U has the same order of magnitude
as the turbulent fluctuation velocity; value of U is of the order of 10~4 m/s for Ra ~ 1015.

Kulacki et al. [20],[21] reported measurements of transient temperature distribution across
volumetrically heated horizontal fluid layers, which were cooled from top and thermally insu-
lated at the bottom. Measurements were performed for wide ranges of Rayleigh numbers and
layer depths, L. The calculated results of the steady-state and transient temperature profiles
(lines) with ECCM, presented in Figs.3-5, are in reasonably-good agreement with the experi-
mental data (filled points).

0.0
0.1 0.2 0.3 0.4 0.5

DIMENSIONLESS TEMPERATURE

Figure 3: Steady-state temperature distribution in fluid layers cooled from top.

2.3.2 Fluid layer cooled from top and bottom (effective vertical velocity in stably-
stratified region)

In this case, the fluid layer can be divided into two sublayers with distinctive effective
velocity for each sublayer. The upper sublayer is unstably stratified and the generated heat is
removed by the effective velocity Uup to the upper cooled surface, eq.(10). The lower sublayer
is stably stratified, with heat removed upwards by the effective velocity Uiow and downwards
by heat conduction; eq.(ll). The heat balance in both parts of the layer can be represented as
follows:

- Tiow), (10)
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Figure 4: Transient temperature profiles (Ra = 1.18 x 1O10) in a fluid layer cooled from top.

QvSlow — pcUlow(Tint — Tlov,) + qiow

Thus, the effective velocities can be calculated from the following correlations

,, _ QVL qiow
up ~ pcATup ~ pcATup'

YY v y v * ' low QloVJ

( l i )

(12)

(13)
pc A T\ow pc A Tiow'

where ATup = (Tint - Tup) and ATlow = (Tint - Tiow). In case Tup = Tlow, we have ATup =
ATiow = AT. The interrelations between Qv, qi^, and AT can be expressed through Nu and

Nulow (where JfH = °?Z)™-U*» n ^ = i+o.oiuFr-i £2] and Nui^ = 1.389 Ba°-095[23]).

The size of the lower sublayer H\ow can also be evaluated from the Nusselt numbers:
i V U u " f r o m e q - ( 9 ) ] - A s a r e s u l t '

[Tup = ^(Nu~ Nulow),
L

a ( WuNuiou,

(14)

(15)

Calculations were performed for layers of different sizes, with wide ranges of Rayleigh num-
bers, and their results are compared to experimental data obtained by Kulacki and Goldstein
[24]. The calculated fraction of energy transported to the lower boundary is presented in Fig.7
and is found to be in good agreement with experimental data. Fig.8 shows the temperature
profiles obtained by calculations (lines) in comparison with experimental data (points) for dif-
ferent Rayleigh numbers. The discrepancies in these comparisons are within the uncertainty
range of the measurements, and of the experimental correlations used in the present work.
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Figure 5: Transient temperature profiles (Ra = 5.59 x 104) in a fluid layer cooled from top.

"1 e u p = const

low T ©low-

Figure 6: A fluid layer cooled from top and bottom.

2.3.3 Side-cooled liquid cavity (effective horizontal heat conductivity)

In the case of cavities cooled from the side, heat transfer to the walls depends on the
characteristics of the boundary layer developing along the vertical wall (Fig.9). The heat
transfer regime might change from laminar to turbulent if the local Rayleigh number exceeds a
critical value. Because such a boundary layer development occurs only in a very narrow region
next to the cooled boundaries, and the heat transfer in the horizontal direction is dominant, the
proposed approach, based on average (effective) velocities, may not be applicable. In this case
the effective diffusivity approach [15] [16] may be used. The heat conductivity in the horizontal
direction, kx, is defined from the following correlation:

dT = h(f~Tw) = hATw (16)

where T is the cavity, horizontally-averaged temperature for a vertical position. Therefore,

dT
"5?

(17)
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Figure 7: Fraction of heat down in fluid layers cooled from top and bottom.
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Figure 8: Temperature profiles in fluid layers cooled from top and bottom.

where Nuy = ^ is the local Nusselt number. There exist two options to determine the
local heat transfer coefficient. In the first approach, experimentally obtained (for specific pool
geometry) correlations like Nu = f(Ra) and shape functions of the local heat flux distribution
can be utilized. However, this would significantly reduce the prediction capabilities of the
simulation model for different geometry pools. In the present work, heat transfer coefficient h is
determined from the boundary layer concept. This second approach is based on the assumption
that a boundary layer of the descending flow is developing along the cooled sidewall surface.
The flow in the boundary layer may be laminar or turbulent, depending on the local Rayleigh
number Ray, which is based on the boundary-layer development length from the leading edge
of the cooled surface, y', and the temperature difference across the boundary layer, ATW:

Ray = GryPr =
a

(18)
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q = 0

Figure 9: Square cavity cooled from side walls.

In the simplest case of laminar natural convection heat transfer from an inclined surface,
the Eckert-type correlation proposed by Chawla and Chan [25] can be applied to define Nuy

as follows:

(on \ —1/4

|~ + Prj Ray\ (19)
giving h
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Figure 10: Local distribution of Nus at the cooled vertical side wall.

Calculations were performed for a cavity cooled from its sides with the conditions listed in
the experiments performed by Steinberner and Reineke [23]. The size of the cavity is 0.8 m
x 0.8 m. The calculated results are presented in Fig.10, together with the experimental data.
The calculated local distributions of Nus(y) exactly reproduce the experimental dependency
eq.(19). It can be seen that reasonable agreement between the calculated and measured Nusselt
numbers is achieved for the upper part of the sidewall surface (y'/L < 0.75), while differences are
observed for the lowermost portion of the vertical surface. In cases with a laminar boundary
layer along the vertical surface (according to ref.[23]), the measured data at the lowermost
portion of the vertical surface are lower than the calculated values. This is due to the fact that
interaction between the boundary layer and the cavity's bottom surface, as well as with the
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stagnant liquid layer at the lower part of cavity was not represented in the present model, since
Nuy presents the heat transfer across the one-dimensional free boundary layer along an infinite
heat-exchange surface. In addition, the laminar boundary layer model can not adequately
describe the heat flux distribution in case of transition to turbulence (Ha = 3.71 x 1013 [23]).
For Ray > Ray>transit%on, the turbulent heat transfer correlation (Nuy ~ Ra^3), developed for
turbulent boundary layer [25], should be applied. In the turbulent part of the vertical surface,
the local heat flux distribution is uniform, i.e. independent of y'.

VALIDATION OF ECCM FOR MELT POOL NATURAL
CONVECTION HEAT TRANSFER

In this section the model is applied to calculate heat transfer in internally-heated liquid pools
with varied boundary conditions and complex geometry. Simulant material experiments avail-
able in the literature are analyzed, with particular emphasis on validation of the model.

3.1 Fluid layer with one spherical boundary

The following analysis pertains to the experimental study by Min and Kulacki [26] on
convective heat transfer in liquid pools with uniformly distributed volumetric energy sources,
in which measurements of the transient temperature distribution along the centerline of the
pool were performed. The pool was bounded from below by the segment of a spherical shell,
and from the side, by a cylindrical wall both maintained at zero heat flux (adiabatic), and from
above by a horizontal surface maintained at constant temperature. In Fig.ll the calculated
transient temperature profiles along the pool centerline are compared to the experimental data.
The model provides good agreement for the steady-state temperature distribution, while over-
predicting the transient from an initial uniform temperature with a step change in Rayleigh
number. This may be related to the effect of the bottom surface curvature and the small as-
pect ratio on the two-dimensionality of the flow pattern under relatively low Rayleigh number
conditions, which were present in the experiment.

3.2 Square cavities with all walls cooled

The experiments of Steinberner and Reineke [23] in a Joule-heated, water filled, rectan-
gular cavity, with all walls cooled, were chosen for validation of the model. Water was the
working fluid. For quasi-steady state conditions, the internally-generated heat has to be re-
moved through the isothermal vertical and horizontal boundaries. For this case, both the
concepts of effective velocity, and effective heat conductivity, have to be employed in order to
describe the heat transport in the cavity.

Calculations were performed for three cases for which data was obtained (Ra = 1012; 2.15 •
1013 and 3.52 • 1013). Holographic observations showed that the boundary layers along the
vertical cooled wall in the first two cases are laminar, while in the third case transition to
turbulence may have occurred in the region near the bottom surface. In the present analysis,
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Figure 11: Comparison with experimental data of Min and Kulacki (1978), Run 148.

the model of laminar boundary layer (along the vertical wall) is applied to calculate the effective
horizontal heat conductivity kx.

Comparison of the calculated results with the experimental data shows that the model is
capable of providing the distributions of the heat removed through the top, bottom, and side
walls of the cavity (see Fig.12). In addition, the local distribution of Nus at the vertical wall
can also be described (Fig. 13) by the model.
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— Experimental correlation.
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Figure 12: Ratios of heat removed to top, bottom and side walls.

3.3 Complex geometry pools with all walls cooled

In this section, three sets of experiments, on (i) semicircular cavity by Jahn and Reineke [27];
(ii) hemispherical pool by Asfia and Dhir [13]; and elliptical cavity (COPO) by Kymalainen et
al. [12] are analyzed. The common feature of these experiments is that the test sections include
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Figure 13: Local distribution of Nus number at the vertical wall (all walls cooled).

a curved cooled bottom surface, a characteristic of a molten corium pool inside the reactor
pressure vessel lower head (Fig.14). The UCLA and COPO experiments are also distinguished
by high Rayleigh numbers (10u-1014 in the UCLA experiments and 1.34 • 1014-1.61 • 1016 in the
COPO experiments) achieved.

In order to apply the proposed modeling approach, we rewrite eq.(16) for the heat flux q(z),
perpendicular to the wall at vertical location z, into a more general form as follows:

dT
cosf(z) + ~Ey~ = h(T-Tw). (20)

Here 7(2) is the angle of inclination of the wall from vertical direction at the vertical location
z. Also, the gravitational acceleration g in eqs.(18-19) should be defined as g = gcosf(z). It
should be noted that most of correlations for Nuy [like eq.(19)] are valid for 7 < 30°, so we
assume that only kx changes along the cooled wall and takes its ordinary value (kx = k) for
7 > 60°. Then kx has the form

k -
y'

k —
dy

COSf(z) (21)

Fig. 15 shows a typical decomposition of computational domains and nodalization used in the
2D simulation of heat transfer in hemispherical geometry pools. Sensitivity studies performed
showed that the calculated results are sufficiently robust, and independent of grid resolution
and domain decomposition technique, providing non-zero Jacobian [eq.(4)j for each subdomain.
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Figure 14: Semicircular and hemispherical pools.
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Figure 15: Decomposition of computational domains and grid.

3.3.1 Semicircular cavity experiments

Calculations were performed for a semicircular cavity of 75 mm radius with Rayleigh number
ranging from 1.4 x 10s to 1.4 x 1013. The calculated distribution of Nuy/Wu is depicted in
Fig.16 and compared with experimental data obtained by Jahn and Reineke [27]. The average
Nuup and Nudn received from calculations (points) are shown in Fig.17 and agree well with the
experimental results (lines).

3.3.2 Hemispherical pool experiments

In the UCLA experiments [13], the pool had hemispherical form and contained Freon-113,
which was volumetrically heated using microwave energy. For comparison with the UCLA

47



3.0

2.0

1.0

0.0

x - JAHN-REINEKE 'S DATA
LINES - COMPUTATIONAL RESULTS FOR

RA=1C«- 1OM3

0 10 20 30 40 60 60 70 80 90
ANGLE, DEGREE

Figure 16: Local distribution of Nusselt number on the curved surface of the semicircular cavity.

1000

ANu_up
TNu_dn

UNES - EXP.CORRELATIONS
POINTS - PRESENT WORK

1 0 ' . •;•'
10' 10" 10" 10"

Figure 17: Average Nusselt numbers (semicircular cavity).

experimental data, calculations were performed for hemispherical pools cooled both from the
upper flat surface and from the curved surface with geometrical ratio H/R set equal to 1.0 and
0.43, respectively. The calculated results for Nujn are presented in Fig.18 and compared with
Asfia and Dhir's experimental data [13]. As reported in Asfia and Dhir's study, as well as in
studies by other authors, large variation in heat transfer coefficient along the pool curved surface
has been observed. The heat transfer coefficient is lowest at the stagnation point and increases
almost linearly along the curved surface. The calculated results for the heat transfer ratio
Nudn/Nudn are presented in Fig.19 and compared with the measured data [13]. The angular
variation in heat transfer is well represented by the model for hemispherical pool geometry.

3.3.3 Torospherical cavity experiments

The COPO experiments [12] used a two-dimensional 'slice' of the Loviisa PWR lower head
(including a portion of the cylindrical vessel wall) and ZnSO* — H2O solution, as simulant
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for the melt. The pool was heated by electrical current between flat wall-electrodes. The
calculations were performed for the conditions corresponding to some of the COPO tests: runs
No.32f and No.29a with 80 cm-depth pool, and runs No.40a and No.42c with 60 cm-depth pool.
The calculated results for Nuup, Nusd, and Nuc,dn are presented in Figs.20-22 together with
the COPO data, and the experimental correlations by Steinberner and Reineke [23] for the
upper surface Nusselt number Nuup, and the sidewall vertical surface Nusselt number Nuai,
i.e.,

and

Nuup = 0.345 Ra0-233

Nusd = 0.85 Ra°19

(22)

(23)

and with the experimental correlation of Mayinger et al. [28] for downward heat transfer, i.e.,

Nudn = 0.54£o°-18(!Y' (24)

where H is the pool depth and R is the radius of curvature of the segment.

In general, good agreement between the predicted and measured data was obtained. The
underprediction of Nusselt number on the upper pool surface (Fig.20) is related to the use of
Kulacki correlation for Ra > 1015.

Since the Rayleigh numbers (Ra and Ray) in the COPO experiments were high, the model
of turbulent boundary layer is used in determining the effective heat conductivity kx. The
predicted heat flux on the side wall (vertical portion) is almost uniform, as confirmed by COPO
experimental data. The distribution of the calculated heat flux on the curved portion of the
pool is shown in Fig.23 and is in reasonably good agreement with the COPO experimental data.
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It is seen that the proposed effective convectivity-diffusivity model is capable of describing
major heat transfer characteristics of internally-heated liquid (melt) pools for all the cases
investigated. The approach can provide reasonable temperature distributions in the pools
during steady and transient conditions. The energy splitting (fraction of heat removed through
different cooled surfaces) and the local distribution of heat flux on the vertical and curved
boundaries can also be predicted by the model.

More importantly, the simulation method developed has been adopted to include modeling
of heat transfer and phase change processes in a multiphase (liquid, mushy, and solid) domain,
using a fixed grid, temperature-based, enthalpy method [11]. New knowledge on natural con-
vection heat transfer, should it become available from experiments or analyses, can be easily
introduced in the present model.

4 HEAT TRANSFER IN MOLTEN METAL LAYER: COM-
PUTATIONAL FLUID DYNAMICS (CFD) ANALYSIS

4.1 Background and problem formulation

It was demonstrated by Theofanous et al. in [2] that during the late phase of core melt progres-
sion in the AP-600 reactor pressure vessel, with external vessel cooling, the core configuration
that will produce the most thermal loading includes "all the core debris, as either solid oxidic
debris or as a molten oxidic pool in the lower head", and "a molten steel layer on top of the
oxidic pool, made up of all the 'light' components of the core region, the reflector and core sup-
port plate, and perhaps, a portion of the core barrel, and lower (plenum) internal structures".
Schematically, this is shown in Fig.24.

A comprehensive analysis of heat transfer in the metallic layer and the assessment of its
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Figure 20: Variation of upward heat fluxes with Rayleigh number (COPO torospherica! slice).

impact on the in-vessel melt retention thermal margin were performed in [2]. Two heat transfer
mechanisms, namely Rayleigh-Benard natural convection [NURB = /(-Rafts)] in a fluid layer
heated from below and natural convection heat transfer to an isothermal, cooled, side vertical
wall [Nuvw = f(Ravw)] of the fluid layer, were accounted. The experimental correlation of
Globe and Dropkin [30] was applied to describe the former mechanism, while Churchill's and
Chu's correlation [31] was used for the latter. It should be noted that the above correlations
for the surface-averaged heat transfer coefficients were obtained from separate experiments. In
order to examine the use of the above correlations for the mixed convection problem of the
molten steel layer, MELAD experiments were designed and performed [2] (MELAD stands
for MEtal LAyer Demonstration experiments). The MELAD experimental data were used to
demonstrate the validity of the assessment method developed to determine the energy splitting
to the upper and side surfaces of the fluid layer, heated from below, and cooled from top and
sides. However, no detailed information about the local heat flux distribution on the vertical
wall was determined. Also, the effects of the fluid layer's aspect ratio, and of the boundary
conditions were not investigated.

In the present study, the method of direct numerical simulation is employed to investigate
natural convection heat transfer in fluid layers heated from below. The AEAT-CFX 3D com-
puter code [32] is used. Details of the direct numerical simulation method are provided in [7].
Both Rayleigh-Benard natural convection, and mixed convection problems, are investigated.
The former is included here for validation purposes. The formulation of the two convection
modes is shown in Fig.25.

4.2 Rayleigh-Benard natural convection heat transfer: validation

Both two- and three-dimensional direct numerical simulations of Rayleigh-Benard natural con-
vection heat transfer were performed. Validation of these computations against the O'Toole &
Silveston's experimental correlations [33] for the range of RO,RB from 4000 to 3-109 is provided
in Fig.26, which shows the calculated (spatially and temporally) averaged Nusselt numbers on
the top surface. It was found that the flow structure in the layer varies significantly over the
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Figure 21: Variation of the heat fluxes on the vertical boundary of the COPO torospherical
slice with Rayleigh number.

wide range of Rayleigh numbers selected. It should be noted that for ROLRB > 105, when turbu-
lent convection is characterized by a disordered, highly transient flow pattern, the dependence
of NURB on Ra,RB is in accordance with the g-power-law [33].

NURB = 0.104
,0.305a _0.084 (25)

The fluid Prandtl number has only a minor effect in eq.(25). It was found that a 3D simulation
is required for the prediction of Rayleigh-Benard natural convection heat transfer for Rayleigh
number RCLRB > 105.

Several boundary condition configurations were tested for the fluid layers. It was determined
that quite similar heat transfer coefficients were obtained for both isothermal and constant
heat flux boundary conditions at the top and bottom surfaces. Furthermore, application of
either periodic or adiabatic conditions, at the vertical sides of the computational domain yields
essentially equal upward heat transfer coefficients.

4.3 Mixed Natural Convection Heat Transfer

Direct numerical simulations were also performed for mixed convection, with isothermal vertical
side walls Tvw and isothermal upper wall Tup. Equal temperature was assumed for all cases
presented in this section, i.e. Tvw = Tup. Since we define

g-PATw-B* g-

v • a

v • a

9

v • a
g-P(Tup-Tdn)-H

z

=
v • a

and Ti ~ | ( rw p + Tdn), it can be shown that
isothermal upper and vertical walls.

= 2 for the cases with the equal-temperature
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Heat transfer rates at the upper surface agree well with O'Toole & Silveston's correlations
[33] and with data from the MELAD-A series [2] and from the Kirkpatrick & Bohn's experiments
[34]; as shown in Fig.27.

The sideward heat transfer rate is found to be in reasonable agreement with Churchill &
Chu's correlations for Ravw > 106 [31], and with Chawla & Chan's turbulent correlation [25]
for surface-averaged Nusselt number Nuvw; eq.(26). Also, Fig.28 depicts reasonable agreement
between the calculated results and the data of the (vertical-wall) surface-average heat transfer
coefficient obtained from the MELAD-A experiments.

F4{Nu,Pr)= = 0.16

9/161 - 1 6 / 2 7

(26)

4.4 Parametric investigations

Due to the wide range of mixed convection heat transfer configurations, a complete discussion
of all aspects here is impossible. Effects of the major parameters of importance to reactor safety
assessments are presented below.

4.4.1 Local heat flux distribution

Fig.29 depicts calculated dimensionless heat fluxes q* (normalized to the surface-average heat
flux q^j) over cooled vertical walls in mixed convection cases, for different Ravw numbers. A
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distribution of the heat flux, determined from the laminar boundary-layer solution by Chawla
and Chan [25] is also presented in this figure for comparison.

It can be seen that the calculated local heat fluxes are approaching zero at the upper corner
since it is the junction between the two equal temperature isothermal walls. With increase of
Rayleigh number (i.e. with enhanced mixing level in the fluid layers), the heat fluxes at the
upper region of the vertical wall also increase. At the region near the bottom surface, where a
hot surface is joined with the vertical cooled surface, infinitely large heat fluxes are calculated.
This prediction is unreal, since the heat transfer process at the lower corner of the fluid layer
(near the vertical cooled wall) would smear out such a singularity. However, at (very) low
Ravw numbers, the peaking of heat flux near and at the lower corner of the fluid layer remains
abnormally high.
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Figure 25: The formulation and boundary conditions employed in the CFD simulations.

4.4.2 Aspect ratio

For isothermal upper and vertical walls (of equal temperature), the aspect ratio is not an
important parameter. Indeed, it was found from numerical analysis for a number of cases when
BURB and Ravw numbers are comparable, Rayleigh-Benard cellular structures exist at distances
2H from the vertical walls, where H is the depth of the layer. Thus, the physical picture of
heat transfer in the bulk fluid remains Rayleigh-Benard natural convection, while a natural
convection boundary layer is present at the vertical cooled walls (driven by the temperature
difference ATb =Tb- Tvw.

However, for the cases with different temperatures of upper and vertical walls (and, hence,
different governing temperature differences), in particular when Ravw » RO,RB, the cellular
structure of Rayleigh-Benard natural convection may be destroyed by flow circulation associated
with strong descending flows at the vertical walls. Thus, heat transfer to the upper surface may
be larger than that for the pure Rayleigh-Benard convection.

4.4.3 Radiative vs. isothermal boundary conditions

A smaller temperature difference for Rayleigh-Benard convection, than that for the boundary
layer convection on the cooled vertical wall, may occur for a thin metallic layer, with radiative
heat flux boundary condition on the upper surface. Temporal and spatial variations of heat flux
on the upper surface were calculated to be much less for radiative (free) boundary conditions
than for isothermal walls.
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4.4.4 Reactor-scale predictions

Calculations were performed for reactor-scale conditions. In these cases, crust formation was
simulated by changing the local boundary conditions from free and radiative to rigid and isother-
mal. A uniform heat flux was assigned for the lower surface of the metallic layer. This heat
flux was estimated from the upward heat flux of an oxidic melt pool (9.3 m3, Ra = 3 • 1015, q z±
500 kW/m2). The calculated surface average heat transfer rates are shown in Figs.27-28.

Calculated local heat flux distributions along the vessel wall for thin and thick metallic
layers of height H are presented in Fig.30. As it can be seen, the local heat flux distributions
on the vertical wall for cases with H — 0.02 and 0.2 m are similar to those shown in Fig.29.
A somewhat different distribution was obtained for the thick metallic layer {B. — \ m). An
increase in the heat flux distribution in the region 0.05 < y/H < 0.3 of the thick metallic layer
(Ravw ~ 1010) is attributed to a transition-to-turbulence in the vertical-wall boundary layer.

In general, it was found that the local peak heat flux occurs at the edge (upper and lower)
regions of the vertical wall. The peaking, however, appears not to be significant in the reactor-
scale situations (generally, less than 50%, except for the lowermost and uppermost regions;
see discussion above on the local heat flux distribution). The assessment method, proposed in
[2], is found to be valid for determining the energy splitting (to the upper and side surfaces)
of the metallic layer, which is uniformly heated from below. The correlations of O'Toole and
Silveston, eq.(25) [33], and the correlations by Chawla and Chan, eq.(26)[25], are recommended
for determining the heat transfer coefficients on the upper and sidewall surfaces, respectively.
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5 MODELING OF HEAT TRANSFER IN METALLIC LAYER
BY ECCM APPROACH

In this section, the ECCM approach is extended to simulate natural convection heat transfer in
liquid layers heated from below (Qv = 0). From experimental observations and CFD analysis,
it is seen that the liquid layer, heated from below and cooled from above, is symmetric with
respect to the boundaries. A characteristic velocity for turbulent heat transport, i.e. the
effective velocity in the MVITA model, can be calculated as:

(27)

NURB of Rayleigh-Benard natural convection can be determined from O'Toole's & Silve-
ston's correlations [33]. Fig.31 depicts the temperature field of liquid layers heated from below,
calculated with the MVITA model. It agrees qualitatively and quantitatively with measured
temperatures. In particular, it can be seen that the central region of the fluid layer is well
mixed.

Thus, the general correlations of O'Toole & Silveston and of Chawla & Chan (for the local
heat transfer coefficient) are implemented into the MVITA model for simulation of natural
convection heat transfer in liquid layers heated from below and cooled from the top and side
walls. Fig.32 depicts the calculated surface average heat transfer coefficients NURB and. Nuvw

for different Rayleigh numbers. It is seen that the measured dependences WURB = /{RCRB)

and N~uvw = f{Ravw) were also reproduced by the MVITA code.

For cases with side-cooled walls, the MVITA model, which includes both molecular heat
conduction and effective conductivity, is capable of describing the heat flux distribution. Both
limiting cases of pure conduction and high Rayleigh number (RaVVJ) convection can be calcu-
lated; as seen in Fig.33.
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6 ASSESSMENTS OF THE THERMAL LOADINGS IN SE-
LECTED SEVERE ACCIDENT SCENARIOS

In this section, results of the MVITA model calculations for prototypic reactor accidents will
be discussed. A large quantity of core materials is assumed to present in the lower plenum of
the AP-600 reactor vessel. Geometrical characteristics of the RPV and physical properties of
the oxidic and metallic phases were taken from [2j. External vessel cooling is employed as the
accident management strategy, so that an isothermal boundary condition is set for the external
vessel surface (T ~ 390K).

In this study, the thermal margin of the in-vessel melt retention scheme was assessed for
three configurations, namely "A" without metallic layer; "B" with a thin layer (H = 0.1 m)
and "C" with a thick layer (if = 0.8 m) of molten metals above the oxidic debris. Fig.34 shows
the computational mesh as a multi-block domain 2.

Initial conditions of 2000 K for the oxidic debris and 1550 K for the metallic layer were
employed in the calculations, whose results are presented here. It is worth noting that the
initial conditions influence the time taken for the debris heat-up and remelting, but they are of
minor importance in the assessment of in-vessel melt retention. This is because the lower head
thermal loading reaches maximum value when the debris pool achieves steady thermal state as a
slightly superheated melt pool (see also [2]). Both oxidic pool and metallic layers were modeled
as multicomponent materials. Such systems feature complex phase diagrams; and phase change
occurs in a temperature range between the liquidus and solidus points, or in the so-called mushy
zone. The temperature differences over the mushy zone depend on mixture composition and
were chosen to be 70 K and 40 K for the oxide pool and metallic layer, respectively.

The effect of radiative heat transfer from the upper surface of the debris (or the metallic
2See refs.[ll] [10] for more discussion on numerical aspects of phase change modeling and solution of eq.(l)

in a complex domain including the conjugated regions of the oxidic pool, crust, molten steel and the vessel.
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Figure 29: Local distribution of dimensionless heat flux over vertical cooled wall. Cavity with
mixed boundary conditions.

layer) was investigated. In this work, the emissivity coefficients for oxide and metallic layer
surface were chosen 0.75 and 0.45, respectively. In the report by Theofanous et al. [2] it was
assumed that the energy radiated from the surrounding cavity to the layer is negligible. This
assumption holds for the situations when the surface temperature of the surrounding structure
Too is lower than the surface temperature of the metallic layer Tup (then T*p » T1^). It was
also found from the calculation results for case "C", that the temperature of the upper surface
of the metallic layer is only slightly higher than the melting point of the metallic phase. At
the same time, the surface of the surrounding structure, which is exposed to the metallic layer,
is also nearly at the steel melting-point temperature. For this case (Tup ci Too)? the resulting
radiative heat removal from the upper surface is limited, so that the vessel thermal loading
increases.

Figs.35-37 depict the calculated temperature fields in the three chosen cases. The metal
melting point is assigned for T^ (Too = 1600 K) in order to be conservative. It can be seen
that some vessel melting occurs at the corner region of the debris pool 3. The vessel ablation
in case "B" is significantly deeper than that in case "C" (Fig.37).

Previous assessments of the impact of the metallic layer, e.g. [2], indicated that the thin
metallic layer (10 cm) may threaten the vessel thermal margins with respect to critical heat
flux at the external cooled surface. The MVITA calculations confirmed that the sideward heat
fluxes of the metallic layer to the vessel wall are significantly higher than the maximum heat
fluxes occurring at the molten oxidic pool corner. Significant vessel ablation at the oxidic pool
corner and in the location next to the thin metallic layer is predicted. However, it should be
noted that the thick, highly-conductive, steel vessel wall acts as a heat distributor. The multi-
dimensional heat diffusion significantly reduces the effect of the local hot spots occurring on
the inner face of the vessel wall, e.g. the heat flux peaking in the thick metallic layers, or the
high heat flux imposed by the thin metallic layers.

A comparison of one-dimensional and two-dimensional representation of the heat diffusion
3 The role of natural convection in the vertical layer of molten vessel steel was identified and analyzed in [8]

and [11].
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in, and the melting of, the vessel wall was performed in order to relate the results obtained here
to those obtained in the previous studies [2]. Fig.38 shows this comparison; it is seen that the
heat flux peaking on the external vessel wall, next to the thin metallic layer, obtained in the 2-D
representation is significantly lower than that obtained in the 1-D representation. The case of
heat generation of 1.4 MW/m3 shows a small thermal margin to CHF, with 2-D representation,
while with the 1-D representation the CHF limit is substantially exceeded.

7 SUMMARY AND CONCLUDING REMARKS

In this paper, heat transfer in internally heated liquid pools is described with the MVITA model.
Particular attention is paid to the validation of the developed MVITA model for various geome-
tries and for different boundary conditions. It was shown, by comparing the calculated results
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Figure 33: Local heat flux distribution on the vertical wall of cavities with mixed boundary
conditions. MVITA calculations. Also, see Fig.29.

with the available experimental data, that the method is capable of describing (1) the fractions
of heat transported to the cooled surfaces of the pools, (2) the temperature fields within the
pools for steady-state and transient conditions, and (3) local heat flux distributions on the
vertical and bottom curved surfaces. The model is based on solution of the two-dimensional
energy conservation equation, with provision for anisotropic heat conduction. Effects of nat-
ural convection are modeled by means of "pseudo-convective" terms and effective diffusivity
coefficients. The heat-driven effective velocities are calculated using a heat-balance treatment
and the experimental correlations for heat transfer coefficients on the upper horizontal cooled
boundaries. The heat transported to the cooled curved and side walls is represented by an effec-
tive heat conductivity, which is determined by using the Eckert-type heat transfer correlations
for the laminar and turbulent naturally-convected boundary layers along those walls.

It should be noted that, although the MVITA is able to portray almost all significant
features of natural convection heat transfer in heat-generating liquid pools, it is bound by
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Figure 34: Computational mesh. Case C (thick metallic layer).

the uncertainties of the experimental heat transfer correlations employed. The MVITA model
provides a good description of the core melt pool formation, progression and of the thermal
loads imposed on the RPV lower head. The characteristics of molten pool during its formation,
namely the pool temperature field and the heat fluxes imposed on pool boundaries, can be
properly modeled by this robust and efficient modeling approach. Such information is needed for
evaluating the mode and timing of vessel failure as well as the characteristics of melt discharged
from reactor vessel, upon its failure.

In the paper, natural convection heat transfer in metallic layers was analyzed with the CFD
direct numerical simulation method. It was found that the time-averaged characteristics of
natural convection flow and heat transfer in metallic layers (heated from below) are insensitive
to either 'radiative' or isothermal boundary conditions at the upper surface. The presence
of side cooled (isothermal) walls, however, is able to significantly modify the flow pattern, in
which side-wall boundary-layer descending flows tend to overpower the Rayleigh-Benard natural
convection cell structure. Nevertheless, time- and surface-averaged heat transfer characteristics
may be predicted by a technique proposed in [2].

It was found that the EC CM (effective conductivity-convectivity model), developed for core
melt pool heat transfer and melt pool formation, can be successfully extended to the more
complex debris configuration, which includes an overlying metallic layer. The local heat flux
distribution on the side wall of the metallic layer was found to depend on Ravw, i.e. the input
heat flux and the layer thickness. However, the results from the integrated analysis (MVITA
calculations) showed that the focusing effect of the metallic layer is significantly diminished in a
reactor configuration. This is due to the multi-dimensionality of heat diffusion into, and melting
of, the highly conductive steel wall of the reactor pressure vessel. In general it was found that
the 2D conjugated formulation employed here is necessary for more realistic predictions of the
prototypic reactor accident conditions. This is particularly true when the interactions between
distinct regions ( metal layer, pool, crust, vessel steel) have substantial influence on the heat
transfer process, and temperature distributions.

Nomenclature
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Figure 35: Steady state configuration of in-vessel melt retention (Case "A", without upper
metallic layer, qv = 1.4 M W / m 3 ) .

c Specific heat capacity, J/(kg.K)
Fo Fourier number, Fo = j£
g Gravitational acceleration, m/s2

H Height of melt pool or fluid layer, m
h Heat transfer coefficient, W/(m.K)
k Thermal conductivity, W/(m2.K)
L Characteristic length, m
Nu Nusselt number, Nu = kr^w_T\
Pr Prandtl number, Pr = vja
q Heat flux, W/m2

q* Dimensionless heat flux normalized to surface-average heat flux
R Pool radius, radius of curvature, m
Ra Rayleigh number, Ra = gPATE3/av

Ravw Rayleigh number , Ravw = v \.a '—
T Temperature, K
t Time, s
U,V Vertical and horizontal velocity components, m/s
U Velocity vector (U,V)
x Horizontal coordinate, m
y Vertical coordinate, or Boundary layer development length, m

a Thermal diffusivity, m 2 / s
f3 Thermal expansion coefficient, 1/K
K Heat conductivity, W/m-K
/i Dynamic viscosity, Pa.s
v Kinematic viscosity, m2/s
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Figure 36: Steady state configuration of in-vessel melt retention (Case "B", with thin upper
metallic layer, qv = 1.4 MW/m3).

p
6*

Density, kg/m3

Dimensionless temperature, ^
AT Temperature difference, K

Subscripts

b
C
dn
ini
low
RB
S,sd
up
V

vw
w

z,y

Bulk
Curved wall
Downward, bottom surface
Interface
Lower surface
Rayleigh-Benard
Sideward, Vertical surface
Upward, Top surface
Volume
Vertical Wall
Wall
Horizontal and vertical space directions

Abbreviations

CFD Computational Fluid Dynamics
ECCM Effective Conductivity-Convectivity Modeling (Method)
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Figure 37: Steady state configuration of in-vessel melt retention (Case "C", with thick upper
metallic layer, qv = 1.4 MW/m3).
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ABSTRACT

This paper examines results and analysis of hole ablation and jet impingement experiments
conducted at the Royal Institute of Technology (RIT). Experimentation into these severe accident
phenomena is conducted using simulant materials to represent prototypical corium melts. Hole
ablation tests are conducted using CaO-B2O3 melt simulant with Pb and Al plates to represent the
RPV head material. Results indicate the strong multi-dimensional behavior of the hole ablation
process. Jet impingement of core melt relocating onto the RPV head is studied using water-ice and
water-salted ice simulant combinations. Good comparison of the data to available correlations for
jet impingement with phase change was obtained. Turbulence enhancement in the flow stagnation
zone is shown to be important in explaining the heat transfer measurements.

1 INTRODUCTION

During the progression of a severe accident in a PWR, the melt jet discharged from the core
interacts with the contents of the lower head. Depending upon the amount of water in the lower
head, and the jet characteristics, there may be direct impingement of the melt jet on the vessel wall,
whose effects on vessel failure are not well known (Rempe [1]). Recent estimates by Theofanous
[2] of jet impingement-ablation of the vessel wall (in the absence of water) for prototypic accidents
have been in the range of 10 to 12 cm in depth. These estimates, however, are highly conservative.

In the event that there is a substantial amount of water in the lower head, the discharged melt
will likely, after interaction with the water, accumulate as a debris bed in the lower head. If this
bed cannot be cooled it will re-melt and subsequently attack the vessel wall, which may fail locally,
for example at a penetration location. The discharge of the melt, at this site, can substantially
increase the size of the failure due to the ablation of the vessel wall around the failure location.
This vessel hole ablation phenomenon determines the character (diameter, mass flow rate) of the
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melt jet material discharging into the containment. In the Swedish BWR plants, the melt jet will
interact with the water pools established under the vessel, as an accident management measure in
case of a potential accident.

A long-range experimental program is being conducted at the Royal Institute of Technology
(KTH) to reduce the uncertainties associated with the modeling of the melt-jet impingement and
failure-site ablation phenomena. Experimental facilities have been developed and tests conducted
which involve both failure-site hole ablation along with impingement of simulant jets onto instru-
mented test plates.

Scaling analysis and scoping experiments on hole ablation, using simulant melt and vessel struc-
ture materials were performed and have been reported previously (Sehgal [3]). These experiments
employed up to 5 liters of PbO-BjOs melt, which was used to create hole-ablation in a Pb plate.
Both high temperature molten metal oxides as well as low temperature materials (water/ice, oils,
salts) are employed to simulate the prototypical conditions. Low-temperature experiments provide
a greater understanding of the underlying phenomena and of the scale-up capability. For the high-
temperature experiments, melts are produced with an induction furnace with capacity up to 100
kg. A high speed data acquisition system captures the thermal behavior in the plate, simulating
the lower RPV head, during both melt-jet impingement and hole ablation experiments. This is
coupled with high-speed photography and visualization of the processes. Such instrumentation
allows for insight into the dynamics of crust behavior and melt-structure interaction under scaled
conditions. Previously documented multi-dimensional analysis tools (Dinh [4]) are being validated
and used to model the experimentally observed phenomena.

The test matrix includes variations upon the primary parameters which govern the phenom-
ena. These include the difference in melting points between the melt and structure, the melt
superheat, the difference between the melt liquidus and solidus temperatures; along with the ge-
ometrical aspects such as jet diameter, velocity and the interaction times. Variation of simulant
melt materials likewise allows for use of different thermo-physical properties to achieve desired
scaling relationships.

Here we report upon selected binary oxide hole ablation tests and water-ice simulant jet impinge-
ment tests. Combined, these two phenomena provide a starting point for reducing the uncertainty
associated with severe accident scenarios involving melt pools and melt relocation.

2 JET IMPINGEMENT

Although abundant experimental data exists for jet impingement heat transfer onto a solid plate,
there exists a very limited amount of information when this process includes phase change. Of
note are the experiments of Powers [5]. Rempe [1] reviews the relevant data available and the most
notable experimental investigation is that conducted by Saito [6] and co-workers whereby molten
NaCl and AI2O3 jets impinged upon tin and steel plates respectively. An empirical correlation for
the Nusselt number was determined by Saito as:
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Figure 1: Jet Impingement Experimental Arrangement

Nu0 = 0.0033 -Re-Pr (1)

Experiments were conducted at the RIT laboratory which employed water as the fluid jet and
plates which were made of plain tap water and also of water mixed with ~20% common salt.
By mixing salt with the water, the freezing point of the simulant plate could be reduced to -
16.5°C thereby allowing the possibility for crust layer formation. The test facility consisted of a
60 liter elevated tank connected to a long tube section (which could be electrically heated) and
finally the impingement plate which was extensively instrumented using K-type thermocouples
(0.5mm OD sheath). A schematic of the jet impingment layout can be seen in Figure 1. Water
(jet) temperatures varied in the range of 3 to 99 °C thus providing a significant variation in fluid
viscosity and thereby Rejet- In addition, jet tube diameters of 6.3, 8.9, 12.6, and 21.7mm were
employed. The length of the tube ensures fully developed turbulent flow at the tube exit and the
distance between the tube exit and the plate surface was chosen in the range (1.5 < H//D,- <
8). The jet velocity was determined from the timed decrease in the water tank level for use in
determining the jet Reynolds number.

The tests conducted for water-ice and water-salt ice are provided in Tables 1 and 2 respectively
(Dong [7]). The embedded thermocouples were placed at varying depths from the upper plate
surface during different tests. Primarily however the separation distance between sequential ther-
mocouples was 2.5-10 mm. A temperature trace from a typical jet impingement test is provided in
Figure 2 for a water-salt ice test. One can clearly see that for the water-salt ice tests conduction
through the ice plate plays a more significant role, especially when the jet water temperature is
maintained low in order to examine the effects of crust formation on the impingement process.
Conductive heat transfer is still however minor in comparison to that due to the phase change
process. The method for determining the Nusselt numbers from the experimental data is described
in the Appendix to this paper. In short, the thermocouples installed directly below the jet provide
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Test 0429: 50mm Ice of salt water, DJ=12.6mm
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Time (seconds)

Figure 2: Thermocouple Response for Jet Impingment Test 0429

for timing of the melt front advance into the ice plate which can in turn be related via simple
energy balance into the desired heat fluxes and heat transfer coefficients.

Table 1: Water-Ice Jet Impingement Tests.

#

1
2
3
4
5
6
7
8
9
10
11
12
13
14
15

Test
#

0403
0404
0407
0408
0411a
0411b
0413
0414
0415
0417
0422a
0426
0516a
0520a
0521a

Pr
-

9.64
8.38
7.23
4.39
6.13
4.65
2.35
2.08
2.06
6.19
9.51
5.69
11.78
3.42
7.4

Re
-

17606
20240
78519
132990
93378
124884
250925
284478
288469
46545
5760
9744
4706
16179
7367

nun
8.9
8.9
21.7
21.7
21.7
21.7
21.7
21.7
21.7
12.6
6.3
6.3
6.3
6.3
6.3

°C
10
15
21
45
28
42
88
98.5
99.5
27.5
10.5
32
3
60
20

Ap
cm
3
6
4
9
5
9
6
9
9
9
6
6
5
5
5

TP
°C
-12
-20
-7
-10
-17
-15
-15
-15
-15
-10
-17.5
-10.
-42
-54.
-50.

Comparison of the experimentally determined Nusselt numbers for both the water-ice and water-
salt ice experiments to that of Equation 1 is provided in Figure 3. Comparison to the laminar
stagnation zone correlation of Swedish [8] reveals that this correlation underpredicts the current
data although it must be noted that it was developed for non-phase change jet impingement
(Nu = 0.55-^2 • Re0-5-Pr°-35).

For the water-salt ice experiments the jet temperature was intentionally maintained low for the
majority of tests as can be noted from Table 2. With warmer water the ablation front penetrates
with high velocity due to the higher impingement heat fluxes and thus the formation of crust is
limited. By using lower water temperatures the formation of a crust layer can be assumed and
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Table 2: Water-Salt Ice Impingement Tests.

#
1
2
3
4
5
6
7
8
9
10
11
12
13

Test
#

0424
0424b
0425a
042S
0429
0502a
0503
0505
0506a
0507
0508
0521
0522

Pr
—

11.71
9.64
9.39
8.13
11.08
9.51
11.08
11.78
11.92
11.78
11.71
11.75
7.4

He
-

23672
28761
61207
34082
25023
59219
50853
23924
4457
14128
24067
4524
7492

m m
12.6
12.6
21.7
12.6
12.6
21.7
21.7
12.6
6.3
8.9
12.6
6.3
6.3

°C
3.2
10.
11.
16.
5.
10.5
5.
3.1
2.6
3.
3.2
3.1
20

AP
cm
9
9
8
8
5
6
6
5
5
5
5
5
5

TP
°C
-50
-45
-30
-50
-50
-24
-24
-48
-50
-46
-50
-47
-47

therefore the driving temperature gradient is maintained as ATref = Tj — Tmp. There remains
some uncertainty as to the thermo-physical properties of salt water in liquid and solid phases
although these are considered to be minor.
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Figure 3: Comparison of Experimental and Saito Data/Correlation

The strong agreement between the experiments of Saito, with salt and alumina jets of 900-
1100°C, and these low temperature experiments indicates that the use of such simulants can be
justified to investigate jet impingement heat transfer accompanied by phase change.

Further experiments were performed using the water-ice and water-salt ice simulants to inves-
tigate the effect of plate inclination angle and an overlying water pool. Some past work involving
inclined jets is provided by McMurray [9], Furutani [10] and Pessanha [11] yet none of these
provides a conclusive influence of inclination on jet impingement with phase change process. Ex-
periments conducted at RIT also revealed no clear effect of inclination angle upon heat transfer.
This is due in part to the fact that only the initial impingement timeframe is of interest since once
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Figure 4: Jet Impingement Heat Transfer for Submerged and Inclined Jets

the melt cavity has formed, the process no longer recognizes the angle of inclination. Examination
of the initial period of jet impingement with high speed data acquisition (and focusing upon only
finely spaced thermocouples at the uppermost surface) reveals a preference for the transition from
laminar stagnation flow regime to that of turbulence.

In prototypical scenarios, a relocating jet may first pass through a coolant of melt pool prior
to reaching the RPV metal. Low temperature experiments which simulated this via an overlying
water pool were also conducted with the water-ice and water-salt ice facility. Water pools of 1.4 to
2.5 jet diameters were employed. Heat transfer from the pool to the ice plate via conduction was
evident, however this was partially minimized by again using low water temperatures. Evidence
from these experiments showed a laminarizing effect of the overlying pool. That is to say that the
transition to turbulence was delayed likely as a result of jet erosion and/or jet deceleration. Data
from the inclined and water pool tests can be observed in Figure 4.

Currently, tests involving liquid metal jets impinging upon metal plates are being performed
using the low melting point alloy Cerrobend as well as Tin in a separate facility. This test matrix
will further elucidate the jet impingement with phase change phenomena. Finally, tests will be
conducted this year which employ the binary oxide melt, CaO-B2O3, as the molten impinging
jet upon instrumented plates of Pb and Al. Melt jet temperatures of 1000-1300 °C can thus be
studied and more importantly the effect of crust behavior due to mushy-zone properties can be
further clarified.

3 HOLE ABLATION

Experiments on hole ablation of an initial failure site were conducted at the RIT laboratory
using a binary metallic oxide melt simulant and RPV head simulant plates (Pb, Al). The binary
oxide used in the current research is 30-70 weight percent (w/o) CaO-B2C>3 which exhibits a
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solidus temperature of 986° C and a liquidus temperature of approximately 1040° C [12]. Table 3
provides data on the physical properties of the CaO-B2C>3 melt and the plate simulants. Viscosity
measurements conducted on the samples indicated that the melt is ~25x more viscous than corium
melt mixtures [13]. " '"'

Table 3: Melt Properties.

Material

CaO-B2O3
Corium

"*(K) '^
1300 1250
2900 2800

(kJ/kg)
460
360

ki k,
(W/mK)
3.0 2.0
10 2.5

(kg/m3)
2500
8000

^J/kgkT
2200 1530
540 410

(N/m)
0.15
1.0

(Pas)
0.1-0.3
~ 0.005

CaO-I$2O3 is 30-70 wt-% respectively
Corium is UOj-ZrOj mixture of 80-20 wt-% composition.
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Figure 5: Hole Ablation Experimental Arrangement

The experimental arrangement for the hole ablation experiments is depicted in Figure 5. Slightly
over 4 liters of the binary oxide melt is formed via induction melting inside a carbon steel crucible.
The melt is them remotely poured into the heated test section (0.16m ID x 0.5m height) through
a distributor plate to prevent direct impingement of the melt onto the instrumented plate. The
wall temperature of the test section is kept above 600° C through electric band heaters in order
to preclude significant crust formation on the cylinder sides. The lead and aluminum plates are
instrumented according to the layout given in Figure 6. Standard lmm OD K-type thermocouples
are used with a typical accuracy of ±0.7%. Thermocouples are arranged such that timing of the
ablation front can be obtained similarly to the method used for the jet impingment experiments
(for example use of equation 2 of Appendix).

The data from the thermocouples is read using a high speed Hewlett Packard data acquisition
system connected to a 486PC. Typical recording frequencies are 2 Hz or more for over 38 channels.
Temperatures of the induction crucible, test section wall and test section melt are also recorded
along with the time variation of the melt mass collected below the ablation hole.
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E-i

Figure 6: Thermocouple Arrangement for Hole Ablation Experiments

The plate (RPV simulant) is 0.25x0.25m square and tests with varying plate thickness of 3 and
4cm were performed for Pb while thicknesses of 1 and 2 cm were employed when using Al. An
initial hole of diameter 10 to 20 mm is pre-formed into the center of the plate and a mechanical
plug is inserted such that there is no ablation flow through the hole until all of the melt has been
delivered to the test section. Typically the time necessary for remote pouring from the induction
furnace varies between 5-8 seconds. During this pouring time, a portion of the uppermost surface
of the Pb plate becomes molten.

The melt is formed from powdered CaO and H3BO3, with the water content of the acid being
removed during heating. Chemical analysis of post-test samples reveals reasonably good (±2%)
control of the glass composition and thus mushy-zone temperatures. Some iron (Fe2Os) impurity
from the induction crucible have been observed however its mass percentage has been found to
be less than 5%. The presence of the iron compounds serves to slightly lessen the solidus and
liquidus temperatures. The corrosion characteristics of the melt-crucible are good, allowing for
repeated use of the same crucible for several tests. Argon inerting of the outer crucible surface
is performed to minimize oxidation at high temperatures. The melt temperature is nominally
1150-1200° C which corresponds to a melt superheat in the range between 125-175° C.

Results from the experiments conducted to date indicate a strong multi-dimensional behavior
of the ablation front. Representative tests performed with a 40mm thick Pb plate provide some
insight into the failure site enlargement characteristics. Temperature traces from several of the
thermocouples shown in Figure 6 are given in Figures 7 and 8 at given depths from the upper
surface. The final shapes of the ablated Pb plates were pressed into epoxy for measurement and
assessment. In one test (0409), the 10mm diameter initial hole size had been enlarged to a roughly
circular 45mm hole at the bottom surface. Midway through the same 40mm thick plate, the final
hole was ~60mm in diameter while the uppermost surface is generally pitted and nonuniform
due to the time period of melt-substrate contact prior to flow in the hole. That is to say, the
upper surface is not indicative of ablation dynamics since it was melted prior to removal of the
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Figure 7: Thermocouple Traces from Hole Ablation Test 0409 - 10mm Radius

mechanical plug. A second similar test resulted in nonuniform melt discharge and a final elliptical
shape hole of dimensions ~50x60mm diameter. In this experiment, only a slight melt flow was
observed for the first 30 seconds, however this was followed by an abrupt and rapid discharge.

Several important aspects are evident from the figures. First, the ablation front speed can indeed
be obtained from the data and secondly, there is clear evidence of the crust behavior during the
course of the tests. Ablation front velocities are in the range of 5mm/s at the upper surfaces and
decrease to roughly lmm/s near the bottom of the plate. Crust behavior is seen in the temperature
traces as a momentary "leveling off" in the temperature rise followed by a second rapid rise up
to the melt temperature. In some instances the thermocouples are displaced by the ablation flow
giving rise to un-physica! rises and drops in the recorded temperatures.
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Figure 8: Thermocouple Traces from Hole Ablation Test 0409 - 5mm from Upper Surface
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Previous experiments regarding failure site enlargement due to hole ablation were conducted
at KTH using PbO-B2C>3 as melt with varying thicknesses of Pb plates as the RPV simulant
(Sehgal [3]). Those experiments provided initial estimates of hole growth. However, due to the
corrosiveness and health aspects of using PbO, further experiments with this binary oxide were
precluded. The PbO based melt did however exhibit a lower viscosity than the current melt
simulant. Results from those tests confirmed the significant multi-dimensionality of the ablation
process.

Currently experiments are being conducted using water and ice or salt ice as simulants. The
facility design for the water-ice experiments allows a much closer scaling rationale to prototypical
cases (based on the methodology of Pilch (Appendix J of [1]) In addition, experiments employing
an initial layer of binary oxidic melt over the RPV simulant are in progress. Experiments are to
be conducted using ~30 liters of simulant melt, which is equivalent to using ~250 kg of UCVZrC^
melt.

4 SUMMARY

Experiments are being conducted at the Royal Institute of Technology in Stockholm to decrease
the uncertainty associated with the important severe accident phenomena of molten jet impinge-
ment upon the lower RPV head and the subsequent ablation or failure site enlargement of the
lower vessel head due to the discharging melt flow.

Jet impingement experiments have been conducted using water-ice and water-salt ice combi-
nations. The results indicate that the measured heat transfer results agree well with the data
and correlation obtained by Saito [6]. Jet impingement, when it includes phase change, differs
significantly from previous studies without phase change and it is suggested that this is due to the
enhanced turbulence in the flow stagnation zone. This may be the result of the cavity geometry
and/or the roughness of the cavity surface which is produced during the impingement process.

Simulant experiments into the enlargement of a pre-existing hole due to the flow of molten
material above the plate melting point are likewise being conducted. Experiments to date reveal
strong multi-dimensional effects. Use of binary oxide metals which exhibit a mushy-zone region
provide evidence of crust behavior during the hole ablation process.

The above experiments are of importance to severe reactor accident studies since they will aid
in reducing the uncertainty associated with possible failure of the lower reactor pressure vessel
head due to melt jet impingement and subsequent failure site enlargement given the formation
of an overlying melt pool. This in turn will provide the necessary input for determination of
containment loadings.
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Appendix

Determination of Experimental Nusselt Numbers

The ablation front speed can be determined from the known distance of separation between
individual thermocouples positioned below the impinging jet;

Vablatton —

The reference temperature difference is that between the melt jet and its corresponding melting
point (ATref = Tj — Tmp). Since the progression of the melt front is rapid, conduction in the plate
material can be assumed to be small and the sensible heat of the plate is incorporated into the
heat of fusion;

"'fits — ""fuSfP T ^p,p\J-mp,p -Loo) \p)

One can then determine the heat flux as;

qabl = VablPpk*fusp (4)

For these single-component tests, it was shown by Swedish [8] and Furutani [10], that the
convective heat flux can be accounted for as;

B -5T (5)

where

B= ""tl *"«" (6)

Finally, the Nusselt number is determined as

Nuo =

<lcond ~ PpCp,p(Tmp>p — Tootp)Vabl (8)
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Nomenclature

Arabic
Cp Heat capacity coefficient, J/(kg.K)
Dj Diameter (of jet) , m
h Heat transfer coefficient, W/(m.K)
hfus Heat of fusion, J /kg
Hj Nozzle-to-Plate Distance, m
Nu Nusselt number, Nu = hDj/n
Pr Prandtl number, Pr = v/a
Re Reynolds number, Re =
q Heat flux, W / m 2

T Temperature, K
Vabi Ablation Velocity, m/s
Greek
a Thermal diffusivity, m2 /s
K Heat conductivity, W/m-K
fj, Dynamic viscosity, Pa.s
v Kinematic viscosity, m 2 / s
p Density, kg /m 3

A T Temperature difference, K
Subscripts
j Jet
mp Melting point
p Plate
I liquid
s solid
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ABSTRACT

This paper presents experimental results, and subsequent analyses, of scaled reactor
pressure vessel (RPV) failure site ablation tests conducted at the Royal Institute of
Technology Division of Nuclear Power Safety (RIT/NPS). The goal of the test program
is to reduce the uncertainty level associated with the phase-change-ablation process, and,
thus, improve the characterization of the melt discharge loading on the containment.
In a series of moderate temperature experiments, the corium melt is simulated by the
binary oxide CaO-B2O3, while the RPV head steel is represented by a Pb plate. A
complementary set of experiments was conducted at lower temperatures, using water as
melt and salted ice as plate material. These experiments scale well to the postulated
prototypical conditions. The multidimensional code HAMISA, developed at RIT/NPS,
is employed to analyze the experiments with good pre- and post-test predictions. The
effects of melt viscosity and crust surface roughness, along with failure site entrance and
exit frictiona! losses on the ablation characteristics are investigated.

INTRODUCTION

In the highly unlikely event of a severe reactor accident in a light water reactor (LWR),
a potential exists for the formation of a particulate debris bed in the hemispherical lower
head volume. With insufficient cooling, this debris bed could re-melt due to fission prod-
uct decay heat, and a melt pool could be formed. The size, composition and temperature
of this melt pool is highly dependent upon the severe accident scenario by which it is
formed. Irregardless of its formation however, the melt pool can attack the lower melting
point vessel steel wall, and in the absence of either internal or external cooling mecha-
nisms, a failure location can develop. Recall that an 80-20% binary mixture of UO2-ZrO2
(corium) exhibits liquidus and solidus temperatures of approximately 2900 and 2825K,
respectively, while the vessel steel will have a melting temperature of w 1700K. Failure
sites could develop as the result of melt attack at a penetration (control rod or instru-
ment nozzle) [1], [2] [3] or, possibly, from partial erosion of the steel shell due to jet
impingement [4], [5], as the melt relocated from the original core region. In addition,
vessel creep, due to extended times at high temperatures, could potentially develop into
a breach of the lower pressure vessel steel wall [6], It should be noted here that as soon
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as a creep-induced failure site appears, the melt flow through the failure site will control
the rate of the increase of the vessel failure area, at that site.

As the melt discharges through the failure site, the ablation rate of the RPV steel
will depend upon many factors. One of the most important of these will be the stability
and the persistence of the crust layer, which forms between flowing melt material and the
ablating pressure vessel. The crust presents an added resistance to heat transfer from
the melt, thereby reducing the ablation rate. Crust formation depends strongly upon the
initial melt superheat and the initial structure temperature. The mechanical stability of
crust layers in this situation is highly uncertain, since the crust may be swept out along
with the molten vessel wall material by the flow of the corium melt through the failure
site.

Currently, there does not exist a substantial database of fluid and heat transfer infor-
mation related to phase change hole ablation dynamics. A review of related experiments
can be found in the references by Pilch [7]. Many of these experiments were conducted
at SNL in support of the DCH issue resolution [8], however the limited hole enlargement
in these experiments did not bring these data into the scale-range needed for the case
of penetration failures in prototypical accident scenarios. The scaling methodology de-
veloped by Pilch was tested only against the thermite data obtained at SNL [7] . Past
studies [8]-[10] employed the temperature difference between melt temperature and vessel
melting point (A T = Tmeit-Tmp,w) rather than that between the melt temperature and
solidus temperature when a crust is formed (A T = Tmeit-Tsoiim). That choice ensures
conservatism, however, it is not clear how much margin is available. More recently, Chu
et al. [11] employed A T = Tme/rT50i)m for assessments of vessel hole ablation, in the
THIRMAL code.
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Figure 1: Hole Ablation Scaling

The experimental research program at RIT/NPS has been focused to reduce the
uncertainties, associated with failure site ablation, from, both, an integral and a dynamic
point of view; and to obtain data in the scale range needed for penetration failure.
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Employing the scaling methodology of Pilch [7], Figure 1 shows the data obtained at SNL
and, the data obtained at RIT/NPS with various simulant melt and vessel wall materials.
The data is plotted for Pilch's scaling parameter: ratio of hole enlargement/initial hole
size on the y axis and the ratio of characteristic time for melt discharge through the
original hole size/characteristic time for doubling of the hole size, due to the ablation
process. Also shown by, a dotted rectangle, is the range of the x- and y-scale values
needed for the reactor-scale penetration failures. It is seen that the RIT/NPS data falls
in the scale range needed. As noted above, a variety of simulant materials were employed,
in order to better understand the parameters of primary importance. Great care must be
exercised when comparing the results from smaller, and thus often laminar flow, scaled
experiments and the anticipated turbulent behavior for hole flow in the prototypical
situation. A more detailed look at the scaling rationale and initial experiments can be
found in the references of Sehgal et al. [12]-[13] as well as by Dinh et al. [14]. The
earlier tests were conducted with the simulant materials PbO-B2O3 for melt and Pb
plates for vessel wall. Corrosion and health concerns prompted the switch to alternate
melt simulants. The melt simulant CaO-I^Os has been employed at both 4 and 25
liter volumes (PS 10 and 60 kg respectively). Additionally, a test program, using water
as melt simulant, and salted ice plates as RPV, was conducted to obtain data at high
Reynolds numbers for the melt flow. Some limited tests using binary salt mixtures onto
low- melting-point-alloys and metals were also conducted. This paper will present the
results of these experiments and the comparison of the experimental observations with
the predictions obtained from the multidimensional code HAMISA [14].

Table 1: Physical Properties.

Material Tuq Taoi
(K) (kj/kg)

h k,
(W/m.K) (kg/m3)

CpJ CptS
(J/kg.K) (N/m) (Pa-s)

Melt
CaO-BsOs
NaNO3-KNO3

Water

1300 1250
553 493
273 273

460
255
33.3

3.0 2.0
0.45 0.6
0.6 2.45

2500
1830

960-990

2200 1530
1560 1340
4180 1800

0.15
0.11
0.06

0.1-0.3
0.0015-0.002

0.0017-0.00031
Plates

Lead
Cerrobend
Steel

600 600
343 343
1793 1793

23.3
39.8
247

16 32
18 18
27 35

11344
9670
7700

129 129
184 146
835 750

0.44
0.35
0.3

0.0014
0.0033
0.0054

EXPERIMENTAL ARRANGEMENT

Oxidic Melt Simulant Since, the oxidic simulant CaO-B2O3 is non-magnetic, it is
heated inside a steel crucible, using a 50kW/25kHz induction generator. The first set
of experiments was conducted using a crucible and coil capable of 5 liter capacity, while
subsequent experiments have employed a larger, 25 liter, arrangement. Oxidation at high
temperatures is minimized with argon gas flow. Once the melt has been generated and
the desired superheat obtained, the crucible is remotely tipped and melt poured into the
test section, which is schematically depicted in Figure 2. Pour times from the furnace
to test section are 10 seconds or less. This pour time must be kept small in order to
minimize melting of the upper surface of the test plate. The test section walls are heated
to minimize heat loss, while a distributor plate precludes any direct impingement of the
melt onto the lower instrumented plate, representing the vessel wall.
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Figure 2: Experimental Arrangement

A mechanical plug mechanism is inserted into the initial failure site (Do) and is re-
moved, once all of the melt has been delivered from the furnace. Initial hole diameters
of both 10 and 20 mm were used. For the 16cm ID test section, a 5 liter melt provides
roughly 25cm of melt pool height. Both lead and aluminum plates have been employed
as plate materials. Standard lmm OD K-type thermocouples were embedded within the
plates at known radial and axial locations, in order to observe the progression of the melt
front and to deduce ablation velocities. The plate size was 0.25x0.25m square, and tests
with plate thicknesses of 30 and 40mm were performed for Pb, while thicknesses of 10
and 20 mm were employed when using Al.

The melt was formed from powdered CaO and H3BO3, with the water content of
the acid evaporated during heating. Chemical analysis of post-test samples revealed
reasonably good (±2%) control of the mixture composition and thus the liquidus, solidus
temperatures and the in-between mushy-zone. Some iron (Fe2C>3) impurity from the
induction crucible has been observed, however its mass percentage has been found to be
less than 5%. The presence of the iron compounds serves to slightly lessen the solidus and
liquidus temperatures from their reference values. The corrosion characteristics of the
melt-crucible are good, allowing for repeated use of the same crucible over several tests.
The melt temperature is nominally 1423-1473K which corresponds to a melt superheat in
the range of 125-175K. Thermophysical properties, for the melt and the vessel simulant
materials employed in the current test program, are provided in Table 1.

Results from the experiments using CaO-B2O3 indicated a strong multi-dimensional
behavior of the ablation front. Representative tests performed with a 40mm thick Pb
plate provided some insight into the failure site enlargement characteristics. Temperature
traces from several of the thermocouples at equivalent radial locations are given in Figure
3 at specific depths from the upper surface. The final shapes of the ablated Pb plates were
pressed into epoxy for measurement and assessment. In one test, the 10mm diameter
initial hole size was enlarged to a roughly circular 50mm hole at the bottom surface.
Midway through the same 40mm thick plate, the final hole was ~60mm in diameter
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while the uppermost surface was pitted and nonuniform due to the time period of melt-
substrate contact prior to flow in the hole. That is to say, in this test, the upper surface
was not entirely representative of ablation dynamics, since it suffered some melting prior
to removal of the mechanical plug. A second similar test resulted in nonuniform melt
discharge and a final elliptical shape hole of dimensions ~50x60mm diameter. In this
experiment, only a slight melt flow was observed for the first 30 seconds, however this
was followed by an abrupt and rapid discharge period.

30-70 CaO-B2O3. Initial Hole Diameter 20mm

A3:40mm Deep
S3:35mm Deep
D3:30mm Deep
E3:20mm Deep
F3:10mm Deep
63:20mm Deep

65 70
Time (seconds)

Figure 3: Temperatures - Test 0409

Several important aspects are evident from the temperature traces. First, the ablation
front speed can indeed be obtained from the data and secondly, there is clear evidence
of the crust existence during the course of the tests. Ablation front velocities are in the
range of 5mm/s at the upper surfaces and decrease to roughly lmm/s near the bottom
of the plate. Crust behavior is seen in the temperature traces as a momentary "leveling
off' in the temperature rise followed by a second rapid rise up to the melt temperature.
That is to say, as melt discharge continues, the thermocouples indicate the passing of a
crust layer past their location.

Several tests were conducted using the oxidic melt discharge through aluminum plates.
However, due to the high thermal conductivity of Al, these tests did not result in ablation
but rather a simple discharge of the melt through the hole, coupled with creep of the
plate due to the high temperatures and melt mass loading. Pre-heating and insulation
of the Al plates did not serve to alter this behavior.

Water as Melt Simulant A second series of experiments were conducted using water
as the melt simulant and salted ice as the simulant vessel wall material. The salt, used
in a 10 w/o concentration, allows for a lower temperature melting point (-9°C) and also
provides the added benefit of stabilizing the ice block during freezing.

The salt-ice plates were formed in a low temperature (as low as -60°C) freezer and
for many of the tests K-type thermocouples were embedded at known distances from
the pre-formed cylindrical hole. A test section of 80 liter capacity was used, which
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employed a slide gate below the melt volume. In this fashion, the water in the test
section could be separated from the instrumented ice plate prior to the start of the test.
Additionally, the melt simulant volume could be heated or cooled using a separate tank
system. Upon opening of the slide gate, the melt (water) comes into contact with the
lower plate and begins to ablate the hole as flow is discharged through it. The tank water
level was measured, versus time, to provide an indication of the melt discharge rate. A
representative trace of temperatures from the embedded thermocouples in the ice plate
is shown in Figure 4. These thermocouples were separated by a distance of 5mm at a
depth of 25mm from the top surface. The ablation front speeds measured in this case
range between 3.5-4.0-10"3 m/s. For illustration, accounting for the sensible and fusion
heat of the ice plate reveals that an ablation speed of this magnitude corresponds to a
heat flux of roughly 0.25 MW/m2. In addition, the melt discharged from the ablated hole
was collected and its mass measured versus time.

Table 2 provides a listing of all tests conducted using water and ice as simulant
materials. The last column in Table 2 shows the measured final hole size immediately
after the melt volume has exited. The designation "B" refers to the bottom of the salt-ice
plate while "T" refers to the top. Note that the dimensions provided for the final hole size
are averaged values since the final hole geometry is not perfectly symmetrical. As can be
seen, the tests encompassed variations upon the initial hole size, the melt temperature
and the plate thickness. The variability in the initial salt-ice plate temperature is due
to the time required to install the plate into the test section, upon removal from the low
temperature freezer.

91 C Water onto 10w/o Salt-Ice Plate

80

60

40

20

-20

-40
4.0 6.0 8.0 10.0

Time (seconds)
12.0 14.0

Figure 4: Temperatures - Test 1016

The general observation from these tests was that the final hole geometry was mainly
cylindrical, that is to say, there was no significant difference between the diameter at the
top or bottom of the salt-ice plates. This differs from that for the earlier oxidic melt
experiments where the final plate shapes were multidimensional, exhibiting a much wider
entrance diameter (see for example the plate geometry when using PbO-B2O3 as melt in
Sehgal et al. [13]. This aspect points to the melt viscosity as playing a significant role in
the ablation dynamics.
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Table 2: Water-Salt-ice Hole Ablation Tests

Test

0917A
0917B
0918
0919
0923
0925
1002
1015
1016

w/o
Salt
10
10
10
10
10
10
10
0
10

Do
(mm)

20
20
10
10
10
20
10
10
20

Opiate
(mm)

50
50
60
60
60
60
38
80
79

T-melt

(»o)
23
41
48
46
80
3
11
44
91

To,plate

<°o
-30
-28
-20
-33
•40
-30
-41
-24
-31

(liters)
78
78
78
78
76
76
78
78
78

: Discharge
Time (s)

16
12
14
15
12
77
27
14
10

(mm)
72 B / 72 T
65 B / 72 T
87 B / 94 T
86 B / 90 T
96 B / 90 T
25 B / 28 T
60 B / 64 T

94 B / 100 T
105 B / 103 T

Some of the water-salt-ice tests employed very low melt temperatures, which resulted
in a clean ice crust to form on the upper plate surface and within the ablation hole. This
crust layer was measured (post-experiment) to range from 2-5mm in thickness. Obviously,
the ablation rates were significantly less for these cases due to the crust formation.

Other Simulants To examine the influence of melt viscosity, a pair of similar exper-
iments were conducted using paraffin oil as the melt simulant, in conjunction with the
10 w/o salt-ice plate, whose particulars are shown in Table 3. Even with heating of the
paraffin oil melt, and, thus, decreasing the melt viscosity and increaseing the Reynolds
number, the ablation of the initial 20mm hole was not much increased. The final shape
of the hole was much different from that observed with the water-salt-ice tests in that
the upper region of the hole exhibited a curved or sloped geometry while the bottom of
the hole was cylindrical. This points to the fact that because of the very long discharge
time, and thus contact time between melt and plate, that multidimensional ablation on
the upper surface becomes significant. That is to say, conduction from the melt to the
upper plate surface plays a greater role. Also, the higher melt viscosity and Pr number
create a thicker dynamic boundary layer and, thus, diminish the role of surface roughness
in augmenting heat transfer. This in turn implies a higher entrance-region heat transfer
and can also account for the higher ablation rates seen at the upper region of the hole.

Table 3: Paraffin Oil-Salt-ice Hole Ablation Tests

Test

1023
1024

w/o
Salt
10
10

Do

(mm)
20
20

Opiate
(mm)

60
63

Tme(t
(°C)

29
45

(°o)
-37
-38

v m e ! ( r
(m3)
73.8
69.3

tdw
128.8
79.7

D/inol
(mm)

22 BJ 30 T
28 B / 42 T

Another test series employed the binary salt mixture of NaN03-KNC>3. Both eutectic
as well as mushy zone regions of the binary salt mixture phase diagram were employed by
varying the composition. In these tests the melt is formed inductively in a 25 liter steel
crucible. Similarly to the oxide tests, the melt is poured into the heated test section and
the plug mechanism removed from the plate. The most recent results from these tests
can be found in Table 4. Comparison of test 1205 with that of 1211 indicates little, if
any effect, which can be attributed to the fact that the former test employed a RS60°C
"mushy-region".
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Table 4: Salt-Metallic Hole Ablation Experiments

Test

1129
1205
1211

Melt
Material

20-80 fNa,K)NO3

20-80 (Na,K)N03

50-50 (Na,K)NO3

Plate
Material

Cerrobend
Tin
Tin

Do
(mm)

10
10
10

$ plate.
(mm)

50
50
50

Tmelt
(°0)
450
420
440

•*• o,platc

(°0)
25
25
50

Vm e i t
(m3)
25
25
23

td

(*)
12
11
11

D/inoI
(mm)

65 B / 63 T
56 B / 54 T
60 B / 68 T

HAMISA PREDICTIONS

The HAMISA code [14] is a tool for integrated analysis and prediction of pressure
vessel hole ablation at both experimental and prototypical scales. The set of phenomena
accompanying the vessel hole ablation and melt discharge, are modeled in the code.
Heat conduction, and phase change, in the vessel space are calculated in a 2-dimensional
formulation and a moving phase change boundary is provided for. Recently, further
improvements to the code have been made which address the discharge coefficients, and
skin friction as melt exits the failure location.

Improved knowledge, regarding the melt discharge coefficients, has been obtained
as a result of a series of tests done at the RIT/NPS laboratory, dealing with water
exiting known L/D holes. For relatively long holes, that is L/D ratios greater than w 1,
values of the discharge coefficients, d, of 0.9 - 1.2 were obtained for a range of water
temperatures. For shorter holes, the C^ values were predominantly in the range of 0.7 to
0.8. Modifications in the code which arose from these experiments include accounting for
both entrance and exit form losses as melt passes through the ablation site. These values
are quite different from the typical discharge coefficient of 0.6, which has been used in
past studies and taken from flow past orifii. In addition, a model of skin friction factor
for the in-hole melt flow has been included in the code. This skin friction factor is an
important improvement to the code, since it allows inclusion of surface roughness effects
for the in-hole melt flow.

Table 5: HAMISA Validation on Water-Salt-ice Tests

Test

0917A
0917B
0918
0919
0923
0925
1002
1015
1016

Experiment
Df (mm)

72
69
91
88
94
27
62
96
104

HAMISA
Df (mm)

70
76
87
85
96
24
59
88
107

Experiment
td(s)

16
12
14
15
12
77
27
14
10

HAMISA
U(s)

18
15
13
13
11
78
32
12
8

AD/DO

(-)
2.5
2.8
7.7
7.5
8.6
0.2
4.9
7.8
4.4

(-)
12.6
22.9
233
219
309
0.5
44.9
228
56

Example simulations using the HAMISA code for several of the water-salt-ice tests in
Table 2 are shown in Table 5. Comparisons of final hole size and actual discharge times
are found to be in good agreement. This is especially true of the test 0925 which places
added demands on the code due to the fact that the low water temperature requires an
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accurate prediction of the crust behavior during the process. For the above simulations,
constant temperature properties were employed along with 2 dimensional representations
of the plate material. An in-hole skin friction factor of 0.0055 was employed throughout.
The resulting scaling parameters predicted by the HAMISA calculations were shown on
Figure 1 previously. It is seen that the use of water-salt-ice provides data in the scaling
range needed, especially with respect to penetration type failures.

The comparisons shown in Table 5 were conducted using constant thermal properties.
Some uncertainty remains as to precise thermal properties for use in the simulations, yet
their impact upon the integral results is not considered to be large.

SUMMARY & DISCUSSION

An experimental program at RIT/NPS has been conducted, which aims to reduce the
uncertainty level associated with ablation dynamics of a failure site in the RPV lower
head. There is very little scaleable experimental information available regarding failure
site growth dynamics resulting from the flow of a fluid at temperatures greater than the
melting point of structure. An important aspect is the impact of a mushy-region crust
layer, which can form, and reduce the ablation rate and the final area of the failure site.
Clearly, this issue is important since the melt discharge rate from the failure site location
will determine the major containment loading during a severe accident.

Various melt and vessel wall simulants were employed in the test program, in order to,
better, examine the influence of material properties upon the ablation phenomena. It was
realized that the melt viscosity plays an important role in hole ablation. That is because
the crust layer of melt which can form upon the ablating hole will undoubtedly exhibit a
significant surface roughness. In lower viscosity melts the thickness of the boundary layer
is small enough that the surface roughness governs the heat transfer, thereby minimizing
any entrance effects, and producing a much more uniform (one-dimensional) ablation. In
the experimental program, it was found that for the higher viscosity melts (binary oxide
and paraffin oil) the final hole shape was very much two-dimensional, with a significantly
wider "mouth", or upper surface, than the exit. Conversely, with the water and salt
melt simulants the ablation profile may be characterized as one-dimensional. In all of the
experiments, it was clear that the crust boundary condition prevails all the time, i.e., the
temperature difference driving the ablation is the melt temperature and the melt liquidus
temperature (i.e. AT = Tmen — Tuq). Thus, even though the crust may be swept out
by the melt flow, it re-establishes itself i.e., and the time required for crust formation
appears to be much less than the rate of crust sweep-out.

Final, confirmatory experiments using larger melt masses of the oxidic mixtures will
be performed in the near future. The test program will also investigate the impact of
lower head penetrations (instrumentation and control rod drives) in various core melt
scenarios.
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NOMENCLATURE

T
Vmelt

rm

Td

AD0/D0

Do

K

V>
Splate

Subscripts
mp,w
o
l,liq
s,sol

Heat of fusion, J/kg
Temperature, K
Melt volume, dm3

Melt discharge time, s
Discharge time without ablation, s
Characteristic hole growth time, s
Characteristic Size Ratio
Initial hole size, m
Heat conductivity, W/m-K
Dynamic viscosity, Pa.s
Plate thickness (mm)

Melting point of wall material
initial
liquid, liquidus
solid
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ABSTRACT

Research conducted at the Royal Institute of Technology - Division of Nuclear Power
Safety (RIT/NPS) concerning reactor pressure vessel hole ablation during a hypothetical
light water reactor (LWR) severe accident is presented. The major physical mechanisms
which govern the vessel hole enlargement during core melt discharge from the reactor ves-
sel lower plenum were identified and analyzed. Substantial insight into these processes
has been gained. The understanding achieved has been incorporated into the mecha-
nistic HAMISA code with excellent comparisons to experimental data. The remaining
uncertainties in prototypical reactor assessments are primarily attributable to the melt
conditions and geometrical aspects at the time of vessel failure.

I. INTRODUCTION

The newer ABB boiling water reactor (BWR) plants located in Sweden and Finland
employ a severe accident management procedure in which a deep water pool is established
under the vessel, as soon as it becomes clear that the water level in the core may fall
below the top of the fuel. The motivation for this strategy is that the core melt jet will
fragment during its passage through the water and that the coarse particles which are
formed will be cooled permanently within the water pool. The success of this procedure
is predicated upon the judgement, that a large steam explosion, which could threaten the
containment integrity during the melt-water interaction, will not occur.

The configuration of the in-vessel melt debris/pool at the time of lower head failure
will be highly dependent upon the accident progression scenario variables up to the point
in time of vessel failure. The extent of core-melt relocation, and the possibility of melt
quenching due to the presence of coolant in the lower plenum regions, are two examples
of such variables. The melt ejection out of the vessel would be governed by the driving
forces (vessel over-pressure, hydraulic head of the melt pool) as well as the melt flow and
heat transfer-induced ablation of the lower head wall around the initial failure site. The
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lower head failure location may affect the discharge flow, although eventually, most heat-
generating material could be ejected. The melt discharge rate and other characteristics
(composition, superheat) are important for determining the consequences of the ex-vessel
fuel-coolant interactions (FCIs). Thus, an improved understanding of lower head ablation
during melt discharge through a local failure site, is a necessary step towards defining
the progression of the ex-vessel FCI process [1].

This paper considers the vessel ablation process, which increases the size of a hole,
or a local failure, in the wall of the reactor pressure vessel (RPV) lower head, as the
core melt is discharged into the containment (see Fig.l). Depressurization of the reactor
coolant system is assumed to occur prior to vessel failure. This is a wholly justifiable
assumption for the Nordic BWRs since primary system depressurization is a required
accident management procedure under the circumstances considered. Global vessel failure
(i.e. a nearly complete breach of the reactor pressure vessel) is not considered here, since
failure of penetration tubes (control rod or instrumentation tubes), or local vessel creep
failure, are much more likely failure mechanisms [2].

P
reactor

initial hole D ~ (5-15) cm

Figure 1: Physical picture of hole ablation phenomenology.

Previous work &: experimental background.

A review of experiments conducted in the past, mainly at Sandia National Laboratory
(SNL), can be found in the paper by Pilch [3]. Pilch also proposed a scaling methodology,
which indicated that the SNL experiments did not fall in the prototypic-condition pa-
rameter range for penetration failures. A review of concepts employed in relevant reactor
safety assessments can be found in [4] and will not be repeated here.

Model development and experiments have been pursued at RIT/NPS in order to gain
an improved understanding of the complicated melt-vessel interaction processes which
occur during vessel failure and melt discharge. Several aspects which govern the hole ab-
lation process such as vessel heat conduction and phase change, melt thermal-hydraulics
in the lower plenum, prior to, and during, the discharge process, melt discharge flow char-
acteristics and gas blowthrough, and crust formation and its stability, were addressed in
[4] [5]. The continued enlargement of the initial failure site in the RPV lower head is
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determined by these processes. It was found that not only integral scaling parameters
(timing and final hole opening) matter, but also the scaling groups for separate component
processes may be able to change the physical picture under consideration. Furthermore,
it was found that experiments are needed to resolve phenomenological uncertainties asso-
ciated with in-hole convective heat transfer, crust formation and stability, and discharge
flow rates.

In earlier RIT/NPS experiments, molten binary oxidic materials (PbO — B2O3 and
CaO — B2O3) were employed as working fluids. Recent experiments have employed more
prototypic ranges of the integral scaling parameters by using several pairs of simulant
materials for melt and plate, namely [molten binary salt mixtures-Cerrobend], [water -
salt-water ice], [paraffin oil - salt-water ice] [6]. Also, large variations in fluid Prandtl
number and discharge flow Reynolds number were covered. These experiments provide a
necessary database for advancing the level of knowledge concerning the governing mass
and energy transfer mechanisms and for validating the predictive capability of the various
empirical correlations which must be employed for such a problem.

Objectives.

Analyses are performed for cases in which a core melt pool was formed inside the
RPV lower head, prior to the melt discharge. The primary objectives of this paper are to
identify and to analyze physical mechanisms which may limit the dynamics of the vessel
hole enlargement, and hence to provide bounding assessments of melt discharge flow rates
used in quantification of the consequences of ex-vessel fuel-coolant interactions [1].

Method and work performed.

First, limiting mechanisms of vessel hole enlargement will be identified, with particular
emphasis on scenario- and reactor design-dependent aspects. Second, the experimental
observations and data are employed to assess the major phenomenological uncertainties.
Next, the HAMISA model [4] and computer code, which has been developed at RIT/NPS,
is used to perform simulations. The new information and experimental data obtained was
used to validate the performance of the HAMISA model under high-Reynolds-number
conditions. In particular, the influence of phase change on convective heat transfer, and
the effect of a finite vessel wall thickness on the discharge coefficient were introduced into
the HAMISA model.

Reactor predictions of the vessel hole ablation and core melt discharge processes, and
discussion of their implications, while accounting for limiting mechanisms, are presented
in the following sections.

II. PHENOMENOLOGY OF HOLE ABLATION AND LIMITING MECH-
ANISMS

The phenomenology of hole ablation and related processes can be decomposed based
as follows:
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• (i) convective heat transfer in the discharge hole and in the lower head melt pool
during the discharge process;

• (ii) vessel heat conduction and phase change;

• (iii) discharge flow characteristics.

In the paper by Dinh et al. [4], several important phenomena were examined, namely
crust existence, entrance and property effects on laminar and turbulent convective heat
transfer in the discharge hole, gas blowthrough and multi-dimensional heat conduction
and phase change in the vessel wall.

i .

melt pool

thermohydraulics

discharge hole

thennohydraulics

regime of

rapid ablation

vessel structure

(solid wall, crust)

dynamics of

in-hole crust layer

dynamics of film

of molten vessel

jet characteristics

Figure 2: Hole ablation phenomenological scheme.

However, there remained phenomenological uncertainties related to (a) crust behav-
ior under high-Reynolds number flow conditions, (b) convective heat transfer with phase
change (freezing/melting) boundary conditions, and (c) discharge flow rate (or discharge
coefficient) through a hole of finite length. Resolution of these phenomenological uncer-
tainties is discussed in the next section, while in this section we focus on uncertainties
associated with scenarios of accident progression and specific design features applicable
to the reactor lower plenum.

In-hole crust growth and stability.

Initial calculations which employed an earlier version of the HAMISA code (version
HAMISA.O) indicate that the hole ablation rate depends strongly on whether a crust
layer exists as a thermal boundary resistance to the in-hole melt flow. In reactor cases,
discharge of some 9m3 of core melt may lead to final hole sizes up to 0.6m for the case
without crust and 0.3-0.4m when a crust layer is present. More importantly, hole enlarge-
ment dynamics are completely different for the two cases, such that the characteristic time
of the melt discharge process for the case without crust is on the order of 1 second or less,
while that in the case with crust can extend to several tens of seconds. Therefore, the
limiting mechanisms of hole ablation are based on phenomena which ensure crust growth
and stability.
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Initial debris crust layer in the lower plenum.

In previous reactor safety assessments (including the modeling effort of rei [4]) the
presence of an initial debris crust layer (IDCL) in the reactor pressure vessel lower plenum
was ignored. Simulations of debris heating and melt pool formation in the RPV lower
head, performed using the MVITA code of RIT/NPS [7], revealed that a thick crust layer
exists at the lowermost region of the reactor lower plenum. This crust layer may be as
much as 0.2m thick at the moment of melt pool formation and persists at a thickness
of 0.05m, until circumferential vessel rupture is predicted. It should be mentioned that
neither the failure of the lower head penetrations (instrument nozzles or control rod drive
mechanisms) nor any external heat sink was simulated using the MVITA code.

Hole ablation dynamics are affected by the IDCL through a number of heat and mass
transfer mechanisms, as described below.

• The IDCL is a heat capacitor and as an oxidic material it will exhibit a relatively
large heat of fusion. Opening of the intial hole (in both the IDCL and the vessel
wall) requires melting of both the wall and the debris crust which lies above the
vessel.

• For the section of the hole which is in the IDCL, the question of "crust existence"
plays no role. Subsequently, the melt-to-hole heat fluxes, and thereby the ablation,
rates, in this portion of the hole will be limited primarily by the melt superheat.

• Ablation of the hole section in the IDCL supplies a mass of remelted crust into
the melt flow boundary layer before it enters the hole section in the vessel wall.
In addition, heat transfer from the melt flow to its crust lowers the melt flow
boundary layer temperature. According to estimates of conduction-controlled phase
change behavior at the contact between melt and steel vessel ([4]) the lower melt
flow boundary layer temperature will significantly reduce the characteristic time
necessary for crust formation. Under such conditions, it was found that crust growth
dominates crust remelting even at the entry region of the vessel-hole section,

• Entrance effects on the melt flow heat transfer, for the case of a phase change
boundary, will be substantially reduced or eliminated when an IDCL is present.

• Given all of the above mechanisms, particularly the addition of the "cool" melt to
the boundary layer and the reduced entrance effect, it is evident that vessel wall
heat fluxes will decrease with increasing IDCL thicknesses.

• Also, the low velocity of melt flow in the lower head pool and the relatively low
superheat of melt located next to the IDCL will result in little if any re-melting
and erosion of the IDCL by the pool flow. Furthermore, the IDCL is a thermal
resistance to energy transfer from melt pool to the vessel wall, particularly during
the discharge period. Consequently, it limits multi-dimensional pre-heating of the
vessel prior to ablation.
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The arguments made above clearly demonstrate the important role of an initial de-
bris crust layer in limiting the dynamics of the vessel hole enlargement during the melt
discharge process.

III. HAMISA MODEL DEVELOPMENT AND VALIDATION
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Figure 3: Component models of the HAMISA code.

The HAMISA model is validated against low and intermediate-temperature experi-
ments. The HAMISA code includes zero- and one-dimensional models of transient heat
transfer in the experimental melt pool prior to and during melt discharge. Options in-
cluded in the HAMISA model account for specific effects of experimentation, such as melt
pouring into the vessel and growth of the melt crust prior to melt discharge, heat removal
from the melt pool to upper and side structure of the vessel, for example. One-dimensional
modeling of convective heat transfer in the discharge hole and a two-dimensional model
of heat conduction and phase change in the initial debris crust layer and vessel wall are
implemented in the present version [4]. Three component models, namely (i) discharge
coefficient, (ii) convective heat transfer with phase change boundary condition in the dis-
charge hole and (iii) pool-crust interface heat transfer, were significantly improved, based
on insight obtained from relevant experiments (see Fig.3).

Discharge flow ra te calculations.

Standard hydraulic pressure losses will necessarily be associated with the discharge
of the melt volume through the vessel failure hole. Earlier considerations, such as that
found by Pilch in [3], accounted for the in-hole melt flow pressure loss by the use of
common discharge coefficients, Cd- In [3] a value of 0.6 is recommended for the discharge
coefficient based upon flow through a sharp-edged orifice coupled with the fact that it
provided good agreement to vessel rupture failure tests. However, for penetration-type
failures the melt must flow through a hole of at least a thickness equivalent to the RPV
and in the case of an IDCL, over a longer distance. This is not characteristic of flow

100



through an orifice and the longer in-hole flow distance will present both entrance and
exit losses along with the frictional pressure losses for the in-hole section of flow.

A series of separate effects test were conducted in order to better examine the role of
frictional pressure losses for conditions applicable to hole ablation dynamics. A 90 liter
tank was assembled with a bottom plate thickness of 6W in which a central hole of diame-
ter, D, was drilled. Both the thickness and hole diameter of the plate were varied during
these tests to cover a range of 6W/D from 0.08 to 4 using 15 and 25mm diameter holes.
Such an aspect ratio for melt flow is representative of the ranges envisioned in reactor
scale penetration failures. The working fluid was water which ranged in temperature
from 3 to 70°C. Fluid discharge through the plate hole was initiated by removal of a plug
mechanism and the drop in water level was measured to determine the discharge velocity
in time (in some tests the mass discharged was collected and measured in time with a
scale connected to a PC data acquisition system). Since there was no tank overpressure,
the experimental discharge coefficient could be calculated in time as;

r , —Cd - ~

Variation in the tank water temperature allowed for a Pr number variation from 2 to
12 and the measured discharge velocities yielded a Re number range from 16,000 to
250,000. Excellent repeatability was observed throughout the test series thereby providing
confident statistical measures.

Results from over 50 experimental runs are summarized in Fig.4 where the discharge
coefficient is plotted against the measured discharge velocity. Each point represents
an average of all tests conducted with identical water temperature and 6W/D. It is
evident from these results that the use of 0.6 for the discharge coefficient will underpredict
the melt ejection velocity. Only for the conditions of very thin plate thicknesses, thus
approaching similarity to an orifice, were values of 0.6-0.7 realized. Considering the
dimensions of RPV penetrations and wall thickness (see for example Fig.l) the discharge
coefficient can be as much as 70% (and more) greater in comparison to that predicted
for an orifice.

In light of these experimental observations an improved model for the in-hole pressure
drops was incorporated into the HAMISA program. The discharge flow rate is determined
from the following equation for flow through a hole of finite length.

U = C ^ p E = J L [ ^ 2 ( i W - Pcont + pgH)] (2)
V P xp

where F is the overall form loss coefficient and the driving pressure difference is that
between the primary system and containment. The total form loss is a summation of the
contraction (Fcont ~0.45), in-hole (Fin-hoie = f(Re)) and expansion losses (Fexu ~1.0)
with values taken from classical fluid dynamics. Friction for the in-hole flow is considered
flow-regime dependent and several correlations have been provided for depending upon
the value of the flow Re number.
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Figure 4: Experimental discharge coefficient as a function of discharge velocity in KIT
tests.

The discharge experiments reported here certainly do not cover all aspects which may
be applicable to reactor vessel failures. Other factors such as the melt viscosity and
surface tension as well as the possibility for a rounded (smoothed) entrance geometry
may reveal further insight which can then be incorporated into predictive tools such as
the HAMISA model.

It may be argued that the sensitivity of the hole ablation process to the failure lo-
cation melt flow pressure drop is not large. That is to say, that accounting for the hole
entrance, in-hole and exit losses does not significantly influence the final vessel hole size.
This arises as a result of two competing ablation mechanisms. In the first, an increased
value of the discharge coefficient will produce increased melt ejection velocities for equiv-
alent hydraulic driving forces. This in turn reduces the time of melt flow ablation for
a given melt volume. In the second mechanism, the increased melt velocity will result
in enhanced convective heat transfer from the flow to the ablating wall (increased Re)
thereby increasing the rate of vessel ablation. Combined, these two mechanisms may
indeed only slightly influence the final predicted hole size but the vessel melt source rates
for ex-vessel FCIs may be significantly affected. Therefore, a more mechanistic model
which captures both effects, such as the one proposed and incorporated in the HAMISA
code, is preferable, especially when consideration of an IDCL is made.

Convective heat transfer in the discharge hole.

As a result of recent RIT experiments involving both hole ablation and jet impinge-
ment with phase change [6], [8] a new model for heat transfer from the flowing melt to the
solid interface has been proposed. Dinh and co-workers [9] have shown that the surface
roughness associated with the phase change process enhances energy transfer from the
melt to the ablating structure. In a series of water-ice and water-salt ice jet impingement
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experiments it was recognized that the surface roughness, resulting from the phase change
of the melting plate material was a controlling factor in the transition from laminar to
turbulent heat transfer regimes in the jet stagnation zone. Experimental observations
from the jet impingement research may then be extended to the vessel ablation condi-
tions, considered here, due to the underlying similarities in the heat transfer mechanisms
between the two processes.

The change of phase of an ablating wall material will produce a roughened surface,
regardless of whether or not the conditions for crust layer existence are met. This, in
turn, influences the hydrodynamic and thermal boundary layers which must develop and
flow past the surface. When the surface roughness becomes thicker than the hydrody-
namic sublayer the convective heat transfer will be enhanced, and more importantly, the
dependence upon length scales may be reduced or eliminated altogether. Determination
of the convective heat transfer from the melt flow to the crust interface will, from classical
considerations, depend upon the in-hole skin factor (Cy), and the Re and Pr numbers for
the flow. Under the rough surface conditions associated with phase change, the viscous
sublayer is believed to be thin and the skin factor of the surface will become independent
of Reynolds number as is the case for common pipe flow. It is clear that the impact of the
surface roughness will be significantly influenced by values of the melt fluid Pr number
since this number reflects the relationship between the inertia! and thermal boundary
layers.

For turbulent flow conditions, which is the case in the prototypical situation, the
energy transfer can be determined using the Reynolds analogy [10]

h = ±UM-p'C,-Ci (3)

For rough surfaces the value of Cj may range from 0.005 to 0.007. Eq. (3) can be easily
rearranged as

Nu = \ • Re • Pr • C) = \c's • Pe (4)

Notice that the combination of the Re and Pr numbers removes any influence of the fluid
viscosity, and the governing dimensionless group then becomes the Peclet number.

Consideration of the aforementioned surface roughness effects for the case of RPV
ablation dynamics, reveals for the turbulent, high Re number, conditions anticipated
that the convective energy transfer from the flowing melt to the stable crust layer will
be enhanced depending upon the magnitude of the surface roughness, that it will be
become independent of the Re number and finally that entrance effects for the flow will
be minimized. Concerning this latter item, the implication is that the growth of the
failure site will be approximately cylindrical as the result of a much more uniform heat
flux along the flowpath for melt.

The above models for melt-flow pressure drop and convective heat transfer in the
discharge hole were incorporated into the HAMISA code. Validation of the models was
obtained by comparison to hole ablation experiments using corium simulant materials
conducted at the RIT/NPS laboratory.
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Comparison to experimental ablation rates.

Descriptions of the hole ablation experiments conducted at RIT can be found in the
references by Green et al. [8] and Sehgal et al. [6] and thus will not be repeated in detail
here. Briefly, certain volumes of melts from simulant materials were generated and placed
in contact with a plate in which thermocouples were embedded and in which an initial
hole of known diameter had been placed. Rates of plate ablation, and thus heat transfer,
were derived from the embedded thermocouple response, along with the more important
integral parameters i.e., the final hole size, timing of melt discharge and the shape of
the ablated region. The relevant melt-plate simulant combinations involved water-salt
ice, NaNO3+KNO3- cerrobend alloy, NaNO3+KNO3-Sn, and paraffin oil-salt ice. Table
1 provides a listing of the relevant parameters for several of the RIT/NPS hole ablation
experiments.

Table 1: RIT Hole Ablation Experiments

Test

0917A
0917B
0918
0919
0923
0925
1002
1015
1016
1023
1024
1129
1205
1211

Melt
Fluid
Water
Water
Water
Water
Water
Water
Water
Water
Water

Paraffin Oil
Paraffin Oil

20-80 (Na,K)N03

20-80 (Na,K)N03

50-50 (Na,K)N03

Plate
Material
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice
Salt-Ice

Cerrobend
Tin
Tin

Do

(mm)
20
20
10
10
10
20
10
10
20
20
20
10
10
10

(mm)
50
50
60
60
60
60
38
80
79
60
63
50
50
50

TTOe/i

(°C)
23
41
48
46
80
3
11
44
91
29
45

450
420
440

-»• o,plate

(°C)
-30
-28
-20
-33
-40
-30
-41
-24
-31
-37
-38
25
25
50

Vmelt
(m3)
78
78
78
78
76
76
78
78
78
74
69
25
25
23

In these experiments it was clear that the crust layer played a controlling role in
the ablation process. The reduction of the melt liquid temperature (see e.g. 0925 in
Table 1) yielded extended discharge times due to the only slight ablation. Crust layers
of varying thickness were found on the in-hole and upper surface of the plates. Visual
observation of the final ablated hole conditions revealed that the final surface was indeed
substantially roughened and, that for all but the paraffin-oil tests, the final hole geometry
was reasonably cylindrical, indicating a uniform ablation heat transfer.

The relevant experimental conditions and thermodynamic properties were then sup-
plied as input for the HAMISA model. In these simulations the aforementioned entrance
and exit form loss coefficients were supplied along with an average skin factor of 0.0055.
The experimental plate was nodalized in two dimensions. Results are presented in Table
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2 from which it is clear that the agreement between HAMISA and the experiments is
very good and that both the final hole diameters as well as the melt discharge times axe
properly predicted.

Table 2: HAMISA Validation on RIT/NPS Hole-Ablation Experiments

Test

0917A
0917B
0918
0919
0923
0925
1002
1015
1016
1205
1211

Expe

D/ T

72
72
94
90
90
28
64
100
103
54
68

riment
D/B

72
65
87
86
96
25
60
94
105
56
60

HAMISA
D/ (mm)

70
76
87
85
96
24
59
88
107
50
50

Experiment
td(s)

16
12
14
15
12
77
27
14
10
11
11

HAMISA
trf(8)

18
15
13
13
11
78
32
12
8
12
12

AD/D0

(-)
2.5
2.8
7.7
7.5
8.6
0.2
4.9
7.8
4.4
4.3
4.9

Tm/rD

(-)
13
23

233
219
309
0.5
45
228
56
56
59

The data obtained from the RIT/NPS hole ablation tests also provides important
information regarding the relevant scaling parameters for prototypic penetration-type
failures. This is seen in Fig.5 where the RIT data is presented according to the scaling
parameters of Pilch [3] which are shown in the last columns of Table 2. The boxed region
represents postulated severe accident conditions for a corium melt pool of volumes 1.3 to
19 m3, at system pressures of 2 to 10 bar, and for different initial failure sizes as presented
in the paper by Sehgal and co-workers [5]. As can be seen in the figure, the recent
simulant hole ablation tests extend the available experimental database. In addition,
the Reynolds number of the in-hole flow was sufficiently high (3-105). More importantly,
in all the experiments, the crust was found to be effective and, hence, limited the hole
enlargement.

IV. RELATED ASPECTS

Scenario- and design-dependent aspects.

Two major parameters can be used to categorize boundary and initial conditions for
the hole ablation process: location of (initial) failure site and configuration of the in-
vessel debris at the moment of vessel failure. Both of these parameters are depend on the
accident scenario progression and specific design features of the reactor lower plenum.

It is obvious that if only a small amount of molten material is present in the lower
plenum at the time of vessel failure then no significant vessel-hole ablation will occur.
More importantly, in such a case, the melt jet which is ejected will remain close to the
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Figure 5: Hole ablation scaling.

original small diameter. Such a jet may even fragment in air, and if not, most probably
as it passes through the coolant (liquid) pool. Subsequently the flow rate of core melt
discharged from the RPV will be determined by the heat-up and remelting of the debris,
which will take substantial time. Thus, in this scenario the containment failure by steam
explosion, or through base-mat melt through may not be credible.

Corium melt-phase properties.

Oxidic melt pools, such as corium, present unique challenges to phase change related
processes in light of their mushy zone behavior. The melt pool thermodynamics will
be further complicated by the fact that unoxidized metals such as Zr, as well as other
melted core structural materials, will also be present in the pool. There remain significant
uncertainties not only in the determining accurate corium physical properties but also
for the melt phase diagram itself. From this arises the question of what temperature
gradient is appropriate for use in determining fluid-to-structure energy transfer rates:
(Tmeit-Tsol) or (Tme;rTj,-3)? The answer, obtained from the analysis of the RIT binary-
salt experiments, is (Tme;t-Tjt?). Nevertheless, this question must be further investigated
as better information on the core melt phase diagram and properties and observations
from reactor-material experiments are made available.

As can be seen from Table 2, in most experimental runs, the final hole is quite cylindri-
cal, so that it can be concluded that two-dimensional heat conduction in the experimental
plates as well as entrance effects on convective heat transfer are negligibly small. For ex-
periments, employing paraffin oil as working fluid, the hole is two-dimensional, reflecting
both 2D heat transfer during the long period of melt (oil) discharge and possible entrance
effects for the highly viscous oil. Similarly, in a prototypic situation, two-dimensional ab-
lation of the reactor vessel and overlying fuel crust (IDCL) can occur in case of small
melt superheat, i.e. dominance of mushy-phase highly-viscous melt.
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Reactor assessment.

Results of reactor predictions, performed by using the HAMISA code, indicate that
most of the melt volume is discharged from the RPV as a coherent jet. The melt volume
available in the lower plenum after the gas blowthrough onset is generally less than
10% (for overpressurization of 0.7MPa). The vessel hole enlargement dynamics for the
prototypic vessel, with about 70 tonnes of molten core materials in the vessel lower plenum
is predicted to be in the range 6-10mm/s, i.e. the time period to have the initial hole of
10cm diameter to grow up to 25-30cm would take 20-25s. Thus, for the ex-vessel FCIs
the interaction between coolant pool and quasi-steady jet should be analyzed.

Sensitivity analysis of remaining phenomenological uncertainties indicates that they
do not appear to significantly affect the physical picture established from the results of
RIT/NPS experiments and analyses. The HAMISA model, validated against experimen-
tal data, provides a tool with which to describe the hole ablation process and therefore
in defining the ex-vessel melt source for problems involving FCIs. Thus, overriding un-
certainties in reactor predictions of vessel melt source for ex-vessel FCIs are the related
intangibles of accident scenarios. For instance, knowledge of the configuration of melt
pool and frozen crust as well as the failure location are essential for determining the
discharge parameters, since the hole ablation dynamics are affected by the presence of
the in-vessel (initial) crust layer.

V. CONCLUDING REMARKS

Phenomena and factors of potential importance to dynamics of vessel hole enlargement
during core melt discharge from the reactor pressure vessel were identified and analyzed
in the present study. Phenomenologically, the major findings are as follows;

• It appears that the in-hole crust is stable (or at least exists as a boundary condition)
even under high Reynolds number and high heat flux conditions. Corium, as a
binary oxidic melt, may even help to hasten the crust formation. Some other
factors (addition of cooler mass from melting crust into the melt boundary layer,
long hole, reduced entrance effect) tend to stabilize the crust.

• The presence of a corium crust layer above the vessel wall reduces the heat up of
the vessel wall during the core melt discharge process. This crust layer significantly
limits the vessel ablation due to the heat capacity (sensible heat and heat of phase
change) of the oxidic material. It also increases the length of the discharge hole and
hence affects the in-hole frictional losses, the hole entrance and exit loss coefficients,
and the heat flux distribution.

• Accounting for the non-orifice form of the discharge hole leads to a shorter discharge
period for a given melt volume.

• For low Prandtl number fluids (such as corium), phase change may significantly
affect the convective heat transfer, since phase-change-induced surface roughness
may be thicker than the viscous sublayer for high Reynolds number flows. This
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phenomenon may provide augmentation of the heat transfer coefficient and lead to
nearly uniform hole growth.

NOMENCLATURE

Arabic
D
F
h
H
9
P
P
U
Re
Nu
Pe

Hole diameter, m
Form loss coefficient
Heat transfer coefficient, W/m2K
Melt pool height, m
Acceleration due to gravity, 9.8 m/s2

Density, kg/m3

Pressure, Pa
Velocity, m/s
Reynolds number
Nusselt number
Peclet number

Subscripts
cd
c*cp
6W

D/T

D/B

Qconv

Qcond

qim
Tm

Td

Uexp

f
0

w
oo

Discharge coefficient
Skin Factor
Specific Heat, J/kgK
Wall, plate thickness, m
Hole diameter at top surface, m
Hole diameter at bottom surface, m
Containment pressure, Pa
Convective heat flux, W/m2

Conductive heat flux, W/m2

Interfacial heat flux, W/m2

Characteristic melt discharge time, s
Characteristic hole growth time, s
Experiment velocity, m/s
Final condition
Initial condition
Wall
Bulk flow conditions
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Abstract

This paper presents a new concept of heat transfer computation in the film boiling
regime. The model is based on the system of Navier-Stokes equations and the energy-
conservation equation written in an enthalpy formulation. The thermodynamic and trans-
port properties in the two-phase mixing region are modeled by the vapor mass quality-
weighted and void-weighted correlations. The model is applied to simulate the natural
convection film boiling on long vertical heated surfaces. Results of the numerical simu-
lations show that the model is capable of describing major trends and dependencies in
film boiling heat transfer. Results of sensitivity analysis and aspects of the model future
developments are discussed in the paper.

1 Introduction and background

Film boiling, as the regime of boiling in which the bulk liquid is separated from
the heated surface by a vapor blanket, has been studied extensively in the past, both
experimentally and analytically. There exist a number of industrial applications (heat
treatment of metals, nuclear reactor engineering, heat exchangers), in which the process
efficiency and equipment safety are determined by heat transfer in the film boiling regime.
A great number of film boiling research reviews are available in the literature (Kalinin et
al, 1975 [10]; Bui and Dhir, 1985 [5]; Sakurai et al, 1990 [18]; Nishio and Ohtake [13]).
However, it must be noted here that most of investigations were experimental, using, for
data generalization, dimensionless groups derived from analytical models of (laminar or
turbulent) vapor film hydrodynamics and heat transfer. Basically, the classical laminar
film boiling model (Bromley, 1950 [4]; Sparrow and Cess, 1962 [19]; Nishikawaet al., 1966
[11]) is shown to describe film boiling heat transfer on relatively short heated surfaces
quite well. In cases of longer heated surfaces, the laminar film model is used in combi-
nation with vapor-liquid interface instability analysis, from which the instability length
scale is derived. Such studies resulted in semi-empirical correlations for calculating film
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boiling heat transfer characteristics. Since such correlations are limited to certain bound-
ary (thermal and flow) conditions, and to the surface temperature and heat flux ranges
of experiments, the prediction capabilities of these methods are, therefore, limited.

Experiments, focusing on behavior of the liquid-vapor interface, indicate the impor-
tance of wave structure on the interface (Borisanski, 1965 [3]; Greitzer and Abernathy [9];
Bui and Dhir, 1985 [5]; Vijaykumar and Dhir, 1992 [20]). Also, self-similar heat transfer
regime is observed for long heated surface (Borisanski and Fokin, 1964 [2]; Vijaykumar
and Dhir, 1992 [20]; Gogonin et al, 1993 [8]; Ohtake and Nishio, 1994 [15]; Okkonen et al,
1996 [16]), rendering the underprediction of heat removal rates by means of the laminar
film development model.

Since self-similarity of heat transfer is typical for turbulent natural convection heat
transfer on vertical surface (Nuz = ^ ~ Gr^3 ~ Z), the turbulent film model was pro-
posed. This approach was, however, not fruitful, since a number of turbulent parameters
must be adjusted, and, since the vapor film itself is very thin, the film thickness-based
Reynolds number is not high enough to justify the assumption of a turbulent vapor film
(for more review and comparison, see e.g. Bui and Dhir, 1985 [5]; Nishio et al., 1991
[12])-

An alternative approach to film boiling heat transfer is based on the laminar-vapor-
film-unit theory, which was originally developed by Greitzer and Abernathy (1972) [9],
Andersen (1976) [1], and examined by Bui and Dhir (1985) [5], and further developed by
Nishio and Ohtake [13] and Okkonen et al. (1996) [16]. The basic idea is to provide, from
an interface stability analysis, a length scale for units of the laminar film development,
so the higher heat removal rates of long heated surfaces can be achieved. As it was
shown by Nishio et al. (1991) [12], earlier models (Greitzer and Abernathy, 1972 [9] and
Andersen, 1976 [1]), though not generic, are able to provide Nusselt numbers higher than
the laminar film model of Bromley (1950) [4], and describe the self-similarity of heat
transfer data (along the heated surface) in a better manner than the turbulent vapor
film models. The latter models were shown to capture major dependencies of film boiling
heat transfer in a wide variety of fluids and in a wide range of governing parameters
(wall surface superheats, liquid subcoolings, pressures). However, no direct comparison
of calculated vapor film characteristics (velocity in the vapor film, and, at the interface,
vapor film units length) against measured data was made available. It is because of the
lack of experimental data, that recent developments in film boiling experimentation, and
analysis, were directed towards visualization, and towards measurement and simulation
of the wave structure of vapor-liquid interface, and its effect on film boiling heat transfer.
Experimental studies by Dhir and co-workers (Bui and Dhir, 1985 [5]; Vijaykumar and
Dhir, 1992 [20]) confirm that film breakup has not been observed in experiments, i.e.
the vapor does not leave the film as bubbles, suggested in the vapor-film-unit model by
Andersen (1976) [1]. The role of bulges of vapor, at the vapor-liquid interface, on the
film boiling heat transfer mechanisms, was not systematically examined and accounted
for in the vapor-film-unit theory, except in the work by Bui and Dhir [5].

Modern applications of film boiling are associated with higher surface temperature
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and heat fluxes and with more extreme conditions of bulk liquid (velocity, subcooling).
This motivates the development of generic analytical and numerical models of film boiling
heat transfer.

In an earlier study, the so-called local-homogeneous-slip model was proposed to sim-
ulate heat transfer in a reactivity-initiated accident in light water reactors (Dinh, 1997
[6]). The dominant heat transfer regime in such a situation is film boiling around the fuel
cladding, which determines the temperature regime of the cladding under sharp (pulse)
power increase conditions. It was found that the model can describe major physical
processes involved. Particularly, comparison with experimental data showed that the
temperature regime of the fuel cladding could be predicted. Also, heat transfer in the
film boiling regime, as well as the transient "boiling" curve (including critical heat flux,
minimum film boiling temperature), can be addressed fairly well by the model.

In this work, the local-homogeneous-slip model is presented and examined for the
description of natural-convection film boiling on a long vertical heated surface. The
model performance is compared with water film boiling experimental data (Vijaykumar
and Dhir (1992) [20], Okkonen et al. (1996) [16]) and with freon R113 film boiling
experimental data (Ohtake and Nishio (1994) [15]). We also performed predictions of
film boiling thermal hydraulics under very high temperature conditions. In particular,
the model is used to determine the effect of significant variation of the steam physical
properties across the vapor film under high-temperature conditions.

2 Model equations and numerical method

The two-phase boiling system is represented by the set of mass, momentum, and energy
conservation equations in a viscous formulation for a thermally expandable fluid. Single-
phase liquid and vapor film regions are properly represented in the model. Local thermal
equilibrium is assumed in the energy equation, which is written in terms of the two-
phase mixture enthalpy. Thermodynamic and transport properties of single phase (liquid,
vapor) are approximated as temperature-dependent. Special treatment of these properties
is given for two-phase flow region, where the local mixture enthalpy is more than that
of the saturated liquid and less than that of the saturated vapor. The heat capacity is
represented as a linear function of the phase mass fractions %»> while the density, thermal
conductivity and dynamic viscosity are approximated as a function of the phase volume
fractions <£,-.

2.1 Governing equations

The mathematical model is based on the set of governing equations formulated in two-
dimensional (axi-symmetric) form. Conservation of mass, axial and radial momentum, as
well as energy, are shown in equations (1),(2),(3) and (4), respectively. These equations
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are laminar and homegeneous.

dp d(pU) 1 d(rpV)
at dz r or

d(pU) d{pU • U) ld{rpU-V)I _ | _
r or

d(pV) d(PV • U) 1 djrpV • V) _
dt dz r dr

d ( dv\id ( dv\ dp v
d~z y1^) + ~rWr \Vfl'dr~) ~ ~dr~ " ^

8{p6) d{pO • U) 1 d{rp9 • V) _

K dt\ I a / K ee

Here, Sq(r,z) represents the locally distributed internal energy source in the two-phase
flow medium, such as, e.g. radiative heat absorbed in the vapor film, in the two-phase
layer, and in the liquid pool. In the present paper, we will, however, focus on the
convective part of heat transfer under film boiling condition. Therefore, the radiative
heat transfer will not be included in the calculations, Sq(r,z) = 0.

2.2 Approximation of physical properties

Thermophysical properties of the single-phase regions (0 < $' and 9 > 0") are calculated
as polynomial temperature-dependent functions, obtained for isobar conditions.

For the two-phase mixing layer, an approximation method must be used to determine
the thermodynamic and transport properties, used in equations (l)-(4). Assuming the
local thermal equilibrium of the two-phase medium, the liquid and the vapor in this
region are saturated fluids. The physical properties of each phase are, therefore, taken at
the saturation condition for a given system pressure. In addition, the assumption about
the local thermal equilibrium allows to define the vapor mass quality \ from the mixture
enthalpy & as

0-9'
X = -Q~ (5)

Thus, the vapor quality depends on the local enthalpy, that may vary significantly over
the flow region as well as along the stream lines. In such a case, physical situations with
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strong axial or (and) radial phase separation can be modeled. The following equation is
employed for determination of the vapor mass quality:

I - 1

(6)

where S is the slip factor to account for the mechanical non-equilibrium in the two-phase
medium. This factor certainly depends on the flow structure and may be significant for
low pressure systems, when the difference in (liquid and vapor) phase densities is great.
In the calculations, the slip factor S is varied for different cases.

The homogeneous formulation is used to determine the thermodynamic properties:
density [Eq.(7)] and heat capacity [Eq.(8)].

p = p'-(l-<p) + p".<p (7)

CP = C" . (1 - X ) + C" . X (8)

This formulation (Eq.(6), (7) and (8)) has been used extensively in one-dimensional
mixture models of two-phase flows in channels. In the present study, the physical proper-
ties are locally determined, based on the local mixture enthalpy, and, therefore, the model
can be named as the local-homogeneous-slip model (LHSM). In a similar way, transport
properties of the two-phase medium are determined. The following formulation is em-
ployed here to calculate heat conductivity and viscosity in the two-phase region.

K = Kt-(l-(fi) + K"-(p (9)

p = M* • (1 - ¥>) + P* • ¥> (10)
Nourgaliev et al. (1997) [14] performed a parametric investigation of the model sensitivity
to the definition of the two-phase mixture thermophysical properties. It was concluded,
that they have only a minor effect on the simulation results.

2.3 Problem formulation and boundary conditions

A cylindrical rod (radius r0) is placed vertically in the center of a coolant tank (radius rp)
(see Fig.l for geometrical dimensions). The following boundary conditions are applied at
the vertical boundaries of the computational domain:

o (11)

= 0 (12)
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z,--

Figure 1: Problem formulation.

At the upper boundary of the computational domain, z — H, the symmetry condition
(zero-gradient) is applied for all variables (8, U, V).

dd_
dz z=H dz z=H

- o - ^
OZ

= 0 (14)
z=H

At the bottom boundary, 2 = 0, the symmetry conditions for heat transfer and horizontal
velocity component V were utilized.

de_
dz

= 0;
z=0

dv_
dz = o (15)

z=a

In this study, only the natural-convection film boiling was investigated {U\z=0 — 0).

The local convective heat transfer coefficient is calculated by the following equation:

Qconv
— K

dT
dr

r=r0 (16)

2.4 Numerical approach

The LHSM, introduced above, was implemented in two CFD codes, namely NARAL
code (Dinh and Nourgaliev (1997) [7]) and general-purpose CFX-F3D code (1995) [21],
were employed for solving the set of the conservation equations (l)-(4). Both codes are
based on the control volume methodology (Patankar, 1980 [17]). SIMPLER and SIM-
PLEC algorithms (l)-(3) are utilized in the NARAL and CFX-F3D codes, respectively.
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Spatially, the equations were discretized using hybrid (NARAL) and Van-Leer (CFX-
F3D) numerical schemes. Both codes employ the backward difference scheme for time
advancement.

Computational domain was nodalized with mesh including 6000 to 20000 computa-
tional nodes. A very dense grid was utilized in the near-wall region to enable describing
boundary layer and interfacial phenomena, see Table 1. In addition, a non-uniform grid
was applied in the vertical direction to account for the thermal entrance effect of the
leading edge of the heated section.

Table 1: Characteristics of numerical treatment of water and freon film boiling simula-
tions.

Fluid

Water
Freon

Code

NARAL
CFX-F3D

The smallest grid size in
^-direction
10"2m
10~4m

r-direction
10-4m
10-6m

Numerical procedure: Film boiling computations started from the fully-converged so-
lution obtained for single-phase flow. The temperature at the wall was raised to Tw

(Tw > Tmfb) and the transient calculation was performed until the quasi-steady-state
solution is reached.

Prediction of film boiling heat transfer experi-
ments

In this section, the model capability is examined against data obtained from different
natural-convection-filin-boiling experiments.

3.1 Low-temperature water film boiling experiments

Calculations were performed for Vijaykumar's and Dhir's (1992) [20] film-boiling experi-
ments, which were conducted on a long fiat vertical surface. Water (5 or 10 K subcooling)
was used as working fluid. In these experiments, the wall temperature was low to mini-
mize the effect of radiation heat transfer. The slip factor S was a priori estimated from
an empirical correlation for water S cz (p^)038 (S ca 7, Dinh et al. (1997) [6]). Fig.l
shows a vapor film development and its velocity.

The calculation results are summarized in Table 2, which indicates that the LHSM
predicts the measured heat transfer coefficients with errors from 10% to 30%.
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• Experiment.
LHSM: coarse grid.
LHSM: fine grid.
TPBL.

200

0
0.00 0.05 0.10 0.15 0.20 0.25

Distance from the leading edge, z(m)

Figure 2: Tie local distribution of heat transfer coefficients (Vijaykumar and Dhir (1992)
experiment, ATsub = 10 K, Tw = 573 K).

Table 2: Comparision of the LHSM calculation results with the Vijaykumar's and Dhir's
measured heat transfer coefficients at 50 mm from the leading edge.

TW(K)

523
573
673

ATaub = 5 K
Exp.
380
310
270

Cal.
498
323
300

ATsub = 10 K
Exp.

400
325

Cal.
512
410
340

More importantly, the calculated heat transfer coefficient is nearly constant in the
upper heated section, which makes the LHSM solution different from the laminar-vapor-
film-smooth-interface models and correlations. Such a self-similarity of heat transfer was
observed in a number of experiments including Vijaykumar's and Dhir's (1992) [20] ex-
periment (see Fig.2). As seen, the measured heat transfer coefficient exhibits a very slight
decrease of the heat transfer coefficient with increasing of the film-boiling development
length. This behavior may be associated with a heat-up of the liquid layer outside the va-
por film, decreasing thus the actual liquid subcooling in the upper region. In Fig.2, heat
transfer coefficients obtained from a two-phase-boundary-layer (TPBL) analysis, similar
to that of Nishikawa et al., 1966 [11], are also plotted. It is seen that the laminar-smooth-
interface model underpredicts, significantly, the measured data.

It should be noted however that the LHSM solutions are strongly affected by the
thermal entrance effect, which render high heat removal rates in the lowermost region of
the heated section. Obviously, the idealized formulation of the wall thermal boundary
condition can not represent the strong heat diffusion effect both in the wall and in the
low-velocity flow. Furthermore, it was found that the grid resolution in the leading-
edge region may significantly affect the calculated heat transfer coefficient in this region.
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Nevertheless, the heat transfer results in the upper section are fairly robust and essentially
independent of the vertical nodalization.

600

500

S 400

g. 300

I, 200

100

0

= 0.75(exp)
J=1.0 (exp)
LHSM

500 700 900 1100
Wall temperature (C)

1300

Figure 3: Comparison of the calculated convective heat transfer coefficients with those
extracted from the RIT film-boiling experimental data (Okkonen et al., 1996).

3.2 High-temperature water film boiling experiments

The experiments were conducted at RIT (Okkonen et al., 1996 [16]) using a long (1.5 m)
vertical heated rod (d — 26 mm). It was found that the vapor film was very thin and
essentially uniform over the heated section, as is the heat transfer coefficient. The wall
temperature ranged from 900 to 1500 K, rendering significant radiation heat transfer.
The present study, however, focuses upon the performance of the LHSM for predicting
the convective heat transfer in film-boiling conditions. Therefore, in order to compare
the calculation results and heat transfer data, the convective heat transfer coefficients

were extracted from the total heat transfer coefficient (h^p) as follows

Je<7
T
J-w

(17)

where e is the emissivity coefficient and taken as e = 0.8 (Okkonen et al., 1996 [16]). J is
a radiation parameter (Sakurai et al, 1990 [18]), which may be assigned to 0.75 (Bromley,
1950 [4]) or 1.0 (Okkonen et al., 1996 [16]). As seen, there exists significant uncertainties
in accessing the radiation heat transfer under film-boiling condition and its effect on the
convective heat transfer. Both the calculated hconv and experimental h%*v are shown on
Fig.3 for a wide range of wall temperature. The underprediction of the convective heat
transfer coefficient is about 20%.

119



Experiment.
LHSM(t = 0.83 s).

0.00 0.01 0.02 0.03 0.04
Distance from the leading edge, z(m)

Figure 4: Simulation of Ohtake and Nishio (1994) freon R113 film boiling experiment by
LHSM (ATaub = 10K, ATW = 120 K, S = 150).

3.3 Low-temperature freon film boiling experiments

Film boiling heat transfer of freon R113 on a long vertical surface was analyzed by means
of the LHSM. Fig.4 depicts the calculated heat transfer coefficient and measured heat
transfer data of film boiling experiments performed by Ohtake and Nishio (1994) [15].
The slip factor S = 150 was employed in these calculations. It should be noted here that
the entrance effect, presented in the calculated results, was avoided in the experiment,
by using a heated rod with a hemispherically-shaped end. The calculated heat transfer
coefficients on the developed film boiling region are found to be 25% lower than the
measured ones. Fig.5 shows the calculated vapor film development, velocity and phase
distribution (three volume-fraction isolines correspond to <j> — 0; 0.5 and 1.0 ). The vapor
film was found very thin, as was reported in the work by Ohtake and Nishio (1994) [15].

More importantly, Fig.4 indicates an irregular oscillation of the heat transfer coeffi-
cient. A careful analysis of the calculated velocity field and phase distribution showed
that the vapor film features a wavy interface associated with hydrodynamical instability
(Fig.5). Such a prediction agrees, qualitatively, with experimental observations by Bui
and Dhir (1985) [5] (for water) and Nishio et al. (1991) [12] (for nitrogen). It should
be noted that the wave structures are different for different liquids. Furthermore, it may
prove necessary to perform 3D computations in order to describe 3D patterns of vapor
domes and ripples.

3.4 Sensitivity analyses

A parametric investigation of film boiling heat transfer of freon R113 on horizontal cylin-
der was performed by Nourgaliev et al. [14], in which the slip factor was found to have
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significant effect on the calculation results of the LHSM.

Similarly, sensitivity analyses were performed for film-boiling heat transfer of freon
R113 on a vertical surface. The results are shown in Table 3. It can be seen that the
heat transfer coefficient is sensitive to the slip factor in the range S = (10 -f- 150). For
higher slip factors, the dependence h(S) is very weak.

Apparently, there exists, to date, no feasible explanation for the fact why a better
agreement between the calculated results and measured data can only be achieved by
using different slip factors for different working fluids [S = (5 -J- 10) for water, S —
(120 -7-150) for freon]. Detailed measurements and observation of the interface structure
for different liquids and under different thermal and flow condition, may foster a better
understanding of the relationship between the slip factor in the two-phase mixing region
and the interface behavior.

Table 3: Effect of the slip factor on the calculated heat transfer coefficients.

s
(Experiment)

10
15
150
1500
15000

fc, W/(m2K)
200
98
110
152
157
159

4 Summary

A novel modeling approach of film boiling phenomena, is developed and investigated on
experiments with long vertical heated surface and different working fluids (water and
freon). The calculation results demonstrated, that the Local-Homogeneous-Slip model
(LHSM) is capable of describing the convective heat transfer mechanism in all investigated
cases. Specifically, LHSM predicted the self-similar heat transfer regime in the region far
enough from the leading edge. Furthermore, in case of fine nodalization of the near-wall
region, LHSM predicted the wave structure of the vapor-liquid interface. Nevertheless, the
simulation of the high-temperature water film-boiling experiments showed that a proper
modeling of radiative heat transfer and its effect on film-boiling convective heat transfer
is needed to provide a better agreement of the calculated results with the measured
heat fluxes. Furthermore, sensitivity analyses revealed that the model is sensitive to the
slip factor 5*, which may also vary for different working fluids. These questions will be
examined further at RIT.
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LHSM calculation Experimental observation
'Large waves' (3D)

(Vapor domes, bulges
Vapor domes, bulges (2D)

'Small waves' (2D)
(Ripples) Leading edge

Figure 5: The calculated velocity field and isolines of the vapor volume fraction (left).
Experimental observations by Bui and Dhir (1985) (right, a)) and Nishio et al. (1991)
(right, b)).

NOMENCLATURE

Arabic
cP
9
h
H

P
Pr
q
r
S

s
t
T

u,v
z

letters
specific heat, J/kg • K
gravitational acceleration, m/s2

heat transfer coefficient, Wjm2 • K
total height of the computational
domain, m.
pressure, Pa
Prandtl number, Pr — v/a
heat flux, W/m2

radial coordinate, m
slip factor, jf-
source term
time, s
temperature, °C
velocity in the z- and redirections,
respectively, m/s
vertical coordinate, m
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vapor volume fraction
Greek letters
a
X
K

M
V

p
<p
e
0
&Tsub

ATW

thermal diffusivity, m2/s
vapor mass quality
thermal conductivity, W/m • K
dynamic viscosity, Pa • 3
kinematic viscosity, m2/s
density, kg/mz

vapor volume fraction
enthalpy, J/kg
latent heat of vaporization, J/kg
liquid subcooling, Tsat — Ti,K
wall superheat, Tw — Tsat, K

Super-subscripts
conv
cr
exp
I
rad
sat
sub
V

w
i

n

convective
critical
experiment
liquid
radiative
saturation
subcooling
vapor
wall
saturated liquid
saturated vapor

Abbreviations
LHSM
TPBL

Local-homogeneous-slip model
Two-phase-boundary-layer theory
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Abstract

This paper presents results of numerical investigation of film boiling heat transfer
and flow structure by means of local-homogeneous-slip model. Performance of this
model is examined against experimental data of Nishio and Ohtake, obtained for natural-
convection film boiling of freon R113 around horizontal cylinders. The calculation results
demonstrate the capability of the model to describe both the surface-average and local
distribution of heat transfer coefficient under film boiling conditions. In particular, con-
vective waves on liquid-vapor interface were predicted. Sensitivity analyses revealed a
slight dependence of the predicted results upon the definition of thermophysical proper-
ties in the two-phase region. However, the model is found to be sensitive to slip factor.

1 Introduction and background

Natural- and forced-convection film-boiling heat transfer has been the subject of intense
interest for over forty years. This phenomenon is encountered in a variety of engineering
fields: cooling of superconducting magnets and cryogenic systems, heat treatment of
different materials (such as glass or steel, for example), rapid solidification processing, to
name but a few. Film boiling may occur in nuclear reactor accident conditions. This is
also the application motivating this study.

The history of theoretical research of film boiling starts from the beginning of 50's,
when Bromley (1950) [1] developed his original model, based on analogy with the Nusselt's
film condensation model. Bromley applied his theory to vertical and horizontal cylinders
with constant wall temperature. Improvements of Bromley's model were latter carried
out by various authors, by employing boundary-layer theory and providing greater details.
The method was also applied to sphere geometry (Frederking and Clark, 1963 [2]). Effect
of liquid subcooling was taken into account by Nishikawa and Ito (1966) [3], while effect of
temperature dependence of physical properties was analyzed by Nishikawa et al. (1976)
[4]. Forced-convection film boiling was investigated, theoretically, firstly by Bromley et
al. (1953) [5] (for horizontal cylinders) and, latter, by Kobaysi (1965) [6] (for spheres).

In all these studies, it is assumed that the liquid-vapor interface is smooth. Experi-
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mental visualizations of film boiling, however, indicate an existence of a wavy interfacial
structure (Hsu and Westwater, 1960 [7]; Breen and Westwater, 1962 [8]; Hendricks and
Baumeister, 1969 [9]; Suryanarayana and Merte, 1972 [10], Greitzer and Abernathy, 1972
[11]; Nishio et al., 1991 [12]; Vijaykumar and Dhir, 1992 [13]; and Ohtake and Nishio,
1994 [14]). Experimental data, obtained on long vertical surfaces, show, that the heat
fluxes are uniform over the heating section (Bui and Dhir, 1985 [15] and Vijaykumar and
Dhir, 1992 [13]). For cylinder geometry, it was found that the Bromley-type models con-
siderably underpredict the heat transfer in the small- and large-diameter regions (Nishio
and Ohtake, 1992 [16]).

In order to take into account the 'wavy' behavior of the liquid-vapor interface, 'turbulent-
wavy' models of film boiling were developed by Hsu and Westwater (1960) [7], Surya-
narayana and Merte (1972) [10] and Coury and Dukler (1970) [17]. In these models, a
turbulent vapor film is assumed. Such an assumption can not be justified for cases with
a very thin (•< 1 mm) vapor film. 'Laminar-wavy' models were also developed for hor-
izontal flat upward facing plates (by Berenson, 1961 [18]) and for long vertical surfaces
(by Greitzer and Abernathy, 1972 [11]; Andersen, 1976 [19] and Bui and Dhir, 1985 [15]).
Andersen (1976) [19], for example, assumed that the vapor film units terminate by film
breakup due to the developing of Kelvin-Helmholtz instability, and vapor leaves the film
as bubbles. Experimental observations of Bui and Dhir (1985) [15] and Vijaykumar and
Dhir (1992) [13], in contrast, indicated that no film breakup takes place at the liquid-
vapor interface. Recent contribution to the 'laminar-wavy' theory of film boiling was
made by Nishio and co-workers (1991 [12], 1993 [20]).

The previous theoretical studies of film boiling heat transfer can be classified into the
following three categories:

1. Laminar-Vapor-Film/Smooth-Interface (LVF/SI) models;
2. Laminar-Vapor-Film/Wavy-Interface (LVF/WI) models ; and
3. Turbulent-Vapor-Film/Wavy-Interface (TVF/WI) models.

The models of the first group (LVF/SI) appear to predict reasonably well the heat transfer
for short vertical surfaces and for spheres and horizontal cylinders of middle diameters.
The models of the second (LVF/WI) and third groups (TVF/WI) perform better, than
those of the first group, in predicting heat transfer on long vertical surfaces and for spheres
and horizontal cylinders of large diameters, when the heating section is long enough for
hydrodynamical waves to develop on the liquid-vapor interface.

In fact, there is no 'universal' model, which can successfully describe the natural-
convection film boiling heat transfer under different conditions. Even more, the existing
models can not be applied to a body of complex geometry. The models employed for
forced-convection film boiling around particles and horizontal cylinders are LVF/SI (e.g.
Bromley et al., 1953 [5]), and they, therefore, do not account for the wavy interface
behavior on large-size heated bodies. Moreover, it was found, that these models are
incapable of describing transport behavior behind the separation point under high Fr
number conditions (Liu and Theofanous, 1995 [21]).
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In this study, performance of a novel numerical modeling approach of film boiling heat
transfer, namely the Local-Homogeneous-Slip Model (LHSM), is investigated. Its basic
idea originates from the ID homogeneous model, used in the past for channel boiling heat
transfer (Whalley, 1987 [22]). The homogeneous model of two-phase flow was extended to
two-dimensions by Dinh and Zemlyanukhin (1993) [23] and used to analyze heat transfer
in a LWR reactivity-initiated accident.

2 Mathematical and physical models

2.1 Governing equations

In this model, mass, momentum and energy conservation equations are written for a
thermally-expandable fluid, with effective properties, as follows
Mass conservation:

^ (1)

Momentum conservation:

(2)
dt

Energy conservation:

(3)

The 2D formulation is currently employed. Extension to the 3D complex geometry cases
is straightforward. It is also assumed, that flow is laminar, since the vapor film is thin.

2.2 Determination of thermodynamic and transport proper-
ties

Single-phase regions: The thermophysical properties of liquid (H < H') and vapor (H >
H") are determined as functions of temperature, fi(T), A(T), p(T), CP(T), for isobaric
conditions.

Two-phase region: Since we assume the local thermal equilibrium, the vapor mass
quality Xa is equal to the thermodynamic quality, Xe = ^,7^,- The volume fraction is
then defined as

where S = jf- is the slip factor. Currently, S is assumed to be a constant (S > 1) and
can be specified a priori.
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In the work by Dinh and Zemlyanukhin (1993) [23], the homogeneous density and
specific heat of the two-phase region were determined as

l = I(l-^) + i (5)

cn = c;-(i-x,)+cz-x< (6)
An alternative formulation of the homogeneous density is given by equation (7) (Whalley,
1987 [22]):

Ph = p'-{l-<p) + p"-<p (7)

In case of S = 1, eqs.(5) and (7) are equivalent. They are different, however, for 5 ^ 1 .
A number of formulations for determination of dynamic viscosity in two-phase region can
be found in the literature. They are

+ (8 )^ 7 + I*
(Isbin et al., 1958 [24])

(Dukler et al., 1964 [25]), and

fih = // ' • <p + n' • (1 - if) • (1 + 2.5 • ip) (10)

(Whalley, 1987 [22]). Dinh and Zemlyanukhin (1993) [23] employed the following equation

fih = n''{l-ip) + ti"><p . (11)

They also proposed the equation for homogeneous conductivity as follows

\h = \'>(l-<p) + \".(p (12)

The alternative equation for Â  is

\ h " X" + A'

2.3 Numerical treatment

In this study, the general-purpose CFX-F3D code [26], was employed to solve equa-
tions (l)-(3). The Van Leer (of second-order accuracy) differencing scheme for advection
term, the fully-implicit backward difference time-stepping procedure, and the SIMPLEC
velocity-pressure coupling algorithm were employed. The computational domain consists
of nine blocks, pieced together, fig.l. Very dense grid was applied in the near wall region
(40 nodes uniformly distributed in the distance about 5 • 6f from the heated wall). Total
number of the computational nodes was approximately 6000. Grid dependence of the
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OUTLET

Figure 1: Problem formulation. Example of computational mesh.

computational results was investigated on a sequence of grids with 4600, 5800 and 13125
nodes. It was found that a grid with ~ 6000 nodes is sufficient to predict the local heat
flux distribution.

Boundary conditions: Isothermal and no-slip boundary conditions were applied to the
heated cylinder wall. For free-stream boundaries, Neumann boundary conditions were
employed for all equations. Since the case of interest is natural-convection film boiling,
velocity at the inlet was taken small enough to neglect the effect of the forced-convection
flow in the liquid.

Computational procedure: Two-phase flow simulations were preceded by the fully-
converged single-phase-flow calculations. A prescribed wall temperature (above TTO/&)
was then applied. Transient (time step 10 msec) calculations were performed until a
quasi-steady-state solution was reached.

3 Parametric investigation

3.1 Single-phase-flow validation

Calculations were performed for single-phase forced-convection heat transfer on a hor-
izontal cylinder. The calculation results are in excellent agreement with experimental
data of the surface-average Nu numbers and separation angle variations with Re number
(Dinh et al., 1996 [27]).
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3.2 Simulation of film boiling

In this study, the local-homogeneous-slip model is examined against the experimental
data of Ohtake and Nishio (1994) [14] for natural-convection film boiling of freon R113.
Horizontal cylinders of different diameters (from medium to large) were employed in the
experiments, which provide both the surface-average and local heat transfer coefficients.
In addition, low temperature conditions and weak temperature-dependence of the freon
R113 experiment help to avoid uncertainties, associated with radiation heat transfer.

Figure 2: Calculated velocity Held and isolines of vapor volume fraction (<p — 1;0.5;0).
Film boiling offreon-113 on horizontal cylinder, d = 16 mm. ATsub = 30 K. S = 150.

Fig.2 depicts the calculated velocity field of liquid and vapor film around the horizontal
cylinder. Separation between the pure liquid and vapor regions from the two-phase region
are shown on the picture by the vapor volume-fraction isolines, which seem to indicate a
vapor-film-unit structure around the heated cylinder.

Table 1: Effect of the viscosity formulation in the two-phase region

h, W/(m2K)
eq. (8)
eq. (9)
eq. (11)

275
265
232
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Table 2: Effect of the slip factor S

A mm ATavh, K S h, -

Exp.
LHSM
LHSM
LHSM
LHSM
LHSM

50.8
50.8
50.8
50.8
50.8
50.8

30
30
30
30
30
30

-
1
7

81
120
150

250
70
77
185
232
245

Exp.
LHSM
LHSM
Exp.

LHSM
LHSM
Exp.

LHSM
LHSM

50.8
50.8
50.8
16
16
16
16
16
16

20
20
20
10
10
10
30
30
30

-
120
150

-
120
150

-
120
150

205
195
230
175
131
146
250
251
293

3.2.1 Sensitivity to the determination of the thermophysical properties in
two-phase region

Calculations, performed with different formulations of density [eqs.(5) and (7)], viscos-
ity [eqs.(8),(9) and (11)] and conductivity [eqs.(12) and (13)] in the two-phase region,
did not reveal any apparent differences in the predicted heat-transfer characteristics. A
slight decrease of the average heat transfer coefficient was observed, when conductivity
formulation was changed from eq.(12) to eq.(13). Table 1 shows, that the use of eqs.(8)
and (9) provides higher (up to 17%) heat transfer coefficients. The set of eqs.(6),(7),(ll)
and (12) was used in all the following calculations.

3.2.2 Sensitivity to the slip factor

Table 2 presents the results of sensitivity analysis for different cylinder diameters and
liquid subcoolings. As can be seen, the simulations with S = 1 underpredict the heat
transfer coefficient. With increasing of <S, however, the calculation results become more
in line with the experimental data. In this sense, the optimal slip factor is about 120.

3.2.3 Local heat transfer characteristics

Effect of the slip factor upon the local heat transfer coefficient distribution is depicted
in fig.3. As seen, the shape of the local distribution is considerably affected by the slip
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Tsup=120K; Tsub=30 K
d=50.8mm, R113
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Figure 3: Effect of slip factor on the local distribution of heat transfer coefficient.

factor. The distributions are relatively smooth for S = 1 and 7, but they are 'wavy' for
S = 81 and 150. In the latter cases, best-fit approximations of the calculated distributions
are used to compare with the time-average measured heat transfer coefficients, whose
distributions have maximum at <f> ~ 90° (fig.3). In fact, while for 5 = 1 and 7 the
maximum heat fluxes are located at the forward stagnation zone, their locations move to
the equator (<f> ~ 90°) for the higher slip factors.

3.2.4 Structure of the interfacial waves

Pattern 1

Pattern II

o o o o o o

Pattern III

Figure 4: Patterns of Him boiling offreon-113 on horizontal cylinder (experimental visu-
alization of Ohtake and Nishio, 1994).

Development of the convective waves on the liquid-vapor interface was observed by Ohtake
and Nishio (1994) [14] in film boiling experiments on horizontal cylinders. They catego-
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rized three flow patterns (see fig. 4), related to the structure of the interface and mech-
anisms of vapor evacuation. On the cylinders of relatively small diameters, there was
observed a relatively smooth vapor film, and the vapor detached from the dome region
of the cylinder due to Rayleigh-Taylor instabilities (pattern I). With increased cylinder
diameter, wavy structure develops due to the hydrodynamical instabilities on the liquid-
vapor interface, and the vapor film becomes 'wavy', the convective waves (vapor bulges),
accumulating the vapor from the 'vapor-film-units', are moving upwards, but vapor bub-
bles detach from film still only in the top region of cylinder (pattern II). For the case of
large-diameter cylinders, vapor bubbles are released at several places before the waves
reach the top of the cylinder (pattern III).

Local-Homogeneous-Slip mode! Experimental Observation:
prediction: Ohtake & Nishio

°

Figure 5: Effect of the slip factor on the film and two-phase (mixed) region thicknesses.
Structure of interfacial waves. Experimental observations vs. prediction.

dTsup=120K;
(1=50.8 mm; Freon R113

— dTsub=30K
- dTsub*20K
-- dTaub=10K

100 120 140 160 ISO

Figure 6: Effect of liquid subcooling on the vapor film behavioi. Calculation results.
S=120.

LHSM approximates the 'wavy' two-phase region by suitably (empirically at the mo-
ment) chosen properties of a two-phase 'mixture' ((ih,^h-,Ph,,CPh,S). The thickness of
the two-phase region reflects, in some sense, the amplitude of the waves at the interface.
The thicker the two-phase region, predicted by LHSM, the larger become the modeled in-
terfacial fluctuations. Fig.5 presents the computed local film thicknesses for two different
slip factors.
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Prom fig.5, one can see, that for higher S (i) the vapor film is considerably thinner (the
heat flux is higher), and (ii) the two-phase region (0 < ip < 1) is thicker. Interestingly,
the film thickness fluctuations are nearly periodic, figs.2 and 5. The wavelength of these
oscillations was estimated as about ~ 10 mm (</> ~ 20°, fig.5), as is the experimental
observation (see fig.5, right).

3.2.5 Effect of liquid sub cooling

300

260

200

•a 1S0

100

SO

O—0 O&N exp. data: D=S0.B mm
B—a O&N exp. data: 0=16 mm

• Present work: D=50.8mm
A Present work: D=1Smm

10 15 20
Tsub, K

25 30 35

Figure 7: Effect of liquid subcooling on the surface-average heat transfer coefficient.
S=120.

The effect of the liquid subcooling on the vapor film thickness can be seen from fig.6,
which show similar wavelengths of the vapor film for different liquid subcoolings (10-30
K). The wave amplitude and thickness of the vapor film, however, depend largely on the
liquid subcooling.

4 Concluding remarks

The local-homogeneous-slip model of film boiling was developed and parametrically in-
vestigated for film boiling of freon R113 on horizontal cylinders of large and medium
diameters. It was found, that the model is capable of describing both the surface-aver age
and local distribution of heat transfer coefficient for large-diameter cylinders. Sensitivity
analyses revealed significant dependence of the local and surface-average heat transfer
coefficient on the slip factor. The increase in 5 leads to higher heat fluxes. With rela-
tively high slip factors, the convective waves on the liquid-vapor interface were predicted.
Characteristic wavelengths of these waves are in a good agreement with experimental
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observations. It was also found that the model is not sensitive to the definition of ther-
mophysical properties in the mixed (two-phase) region. Further validation of the model
for different liquids and different geometry is planned.

Nomenclature

ibic
Cp Specific heat, J/kg-K
d Diameter, m
g Gravitational acceleration, m/s2

h Heat transfer coefficient, h = ,* %—r
H Enthalpy, J/kg
P Pressure, Pa
q Heat flux, W/m2

5 Slip factor, &•
t Time, s
T Temperature, K
U Velocity, m/s
Xa Local vapor mass quality
Xe Local thermodynamic quality, ^,7^,
Xj, Sf Vapor film thickness, m
Greek
a Thermal diffusivity, m2/s
A Thermal conductivity, W/(m • K)
H Dynamic viscosity, Pa-s
v Kinematic viscosity, m2/s
p Density, kg/m3

<f> Angle, measured from the forward
stagnation zone

<p Volume (vapor) fraction
Subscripts/Superscripts
calc calculation
h homogeneous
mfb min. film boiling
sat saturation
sub subcooled
w wall
' saturated liquid
" saturated vapor
List of abbreviations
LHSM Local-homogeneous-slip model
O&N Ohtake and Nishio
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Abstract: Film boiling on the surface of a high-temperature melt jet or of a melt
particle is one of key phenomena governing the physics of fuel-coolant interactions (FCIs)
which may occur during the course of a severe accident in a light water reactor (LWR).
A number of experimental and analytical studies have been performed, in the past, to
address film boiling heat transfer and the accompanying hydrodynamic aspects. Most of
the experiments have, however, been performed for temperature and heat flux conditions,
which are significantly lower than the prototypic conditions. For ex-vessel FCIs, high
liquid subcooling can significantly affect the FCI thermal hydraulics. Presently, there are
large uncertainties in predicting natural-convection film boiling of subcooled liquids on
high-temperature surfaces.

In this paper, research conducted at the Division of Nuclear Power Safety, Royal In-
stitute of Technology (RIT/NPS), Stockholm, concerning film-boiling thermal hydraulics
under FCI condition is presented. Notably, the focus is placed on the effects of (1) water
subcooling, (2) high-temperature steam properties, (3) the radiation heat transfer and (4)
mixing zone boiling dynamics, on the vapor film characteristics. Numerical investigations
are performed using a novel CFD modeling concept named as the local-homogeneous-slip
model (LHSM). Results of the analytical and numerical studies are discussed with respect
to boiling dynamics under FCI conditions.

Keywords: Film boiling, heat transfer, high temperature, radiation, numerical sim-
ulation.

I. INTRODUCTION

The assessment of fuel-coolant interactions, during the course of a severe accident in
a LWR, depends largely on premixing behavior of a core melt jet, and melt droplets, with
the coolant pool. Although remarkable progress in the description of the pre-mixing and
expansion phases of the steam explosion has been achieved in recent years, the initial
melt jet-water interaction phase of the FCI scenario has not been well investigated yet.
Processes such as jet breakup, droplet formation and subsequent fragmentation fall into
this category.
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The new ABB boiling water reactor (BWR) plants located in Sweden and Finland
employ a severe accident management procedure in which a deep, highly-subcooled, water
pool is established under the vessel, as soon as it becomes clear that the water level in
the core may fall below the top of the fuel. The motivation for this strategy is that
the core melt jet will fragment during its passage through the water and that the coarse
particles formed will be cooled permanently within the water pool. The success of this
procedure is predicated upon the judgement, that a large steam explosion, which could
threaten the containment integrity during the melt-water interaction, will not occur. It
is important to note that the study, performed at RIT/NPS on the reactor vessel-hole
ablation, indicates that most of the melt volume is discharged from the reactor pressure
vessel (RPV) as a coherent jet. The melt volume available in the lower plenum before the
gas-blowthrough-onset is generally more than 90% (for an overpressurization of 0.7MPa).
The vessel hole enlargement dynamics for the prototypic vessel, with about 70 tonnes
of molten core materials in the vessel lower plenum is predicted to be in the range 6-
lOmm/s, i.e. the time period to have the initial hole of 3-10cm diameter to grow up to
25-30cm would take 20-25s [1].

Thus, for the ex-vessel FCIs, the interaction between subcooled water pool and quasi-
steady core-melt jet has to be analyzed. Notably, melt-water coarse mixing and jet
fragmentation are of importance for the assessment of vigorous thermal interactions and
intense steam generation, which may result in a steam explosion. It was found that
the hydrodynamics, stability and fragmentation of the jet are largely determined by the
thermal hydraulic conditions of the ambient fluid, namely the presence, and dynamics,
of a thin or thick vapor blanket. In fact, owing to the high temperatures (>2500K) of
the core melt, film boiling is a major coolant-flow regime, in which the interactions occur
between high-temperature core melt jet and water.

In fact, many authors have indicated that the vapor film between the jet and the
water coolant may affect the jet breakup. However, there are many uncertainties, and
our objective is to explore the film boiling dynamics and the effect of parameters on it,
which have not been investigated so far.

II. FILM BOILING ANALYSIS AND MODELING UNDER FCIs CONDI-
TIONS

Film boiling, as the regime of boiling in which the bulk liquid is separated from
the heated surface by a vapor blanket, has been studied extensively in the past, both
experimentally and analytically.

ILL Background

A great number of film boiling research reviews are available in the literature (Kalinin
et al, 1975 [2]; Bui and Dhir, 1985 [3]; Sakurai et al, 1990 [4]; Nishio and Ohtake [5]).
However, it must be noted here that most of investigations were experimental, using, for
data generalization, dimensionless groups derived from analytical models of (laminar or
turbulent) vapor film hydrodynamics and heat transfer. Basically, the classical laminar
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film boiling model (Bromley, 1950 [6]; Sparrow and Cess, 1962 [7]; Nishikawa et al., 1966
[8]) is shown to describe film boiling heat transfer on relatively short heated surfaces quite
well. In cases of longer heated surfaces, the laminar film model is used in combination
with vapor-liquid interface instability analysis, from which the instability length scale is
derived. Such studies resulted in semi-empirical correlations for calculating film boiling
heat transfer characteristics. Since such correlations are limited to certain boundary
(thermal and flow) conditions, and to the surface temperature and heat flux ranges of
experiments, the prediction capabilities of these methods are, therefore, limited.

Experiments, focusing on behavior of the liquid-vapor interface, indicate the impor-
tance of wave structure on the interface (Borisanski, 1965 [9]; Greitzer and Abernathy
[10]; Bui and Dhir, 1985 [3]; Vijaykumar and Dhir, 1992 [11]). Also, a self-similar heat
transfer regime is observed for long heated surfaces (Borisanski and Fokin, 1964 [12];
Vijaykumar and Dhir, 1992 [11]; Gogonin et al, 1993 [13]; Ohtake and Nishio, 1994 [14];
Okkonen et al, 1996 [15]), in which heat removal rates are significantly underpredicted if
the laminar development models are employed.

Since self-similarity of heat transfer is typical for turbulent natural convection heat
transfer on vertical surfaces (Nuz = ^ ~ Gr^s ~ Z), the turbulent film model was
proposed. This approach was, however, not fruitful, since a number of turbulent pa-
rameters must be adjusted. In addition, the vapor film is generally very thin, and the
film thickness-based Reynolds number is not high enough to justify the assumption of a
turbulent vapor film (for more review and comparison, see e.g. Bui and Dhir, 1985 [3];
Nishio et al., 1991 [16]).

An alternative approach to film boiling heat transfer is based on the laminar-vapor-
film-unit theory, which was originally developed by Greitzer and Abernathy (1972) [10],
Andersen (1976) [17], and examined by Bui and Dhir (1985) [3], and further developed by
Nishio and Ohtake (1993) [5] and Okkonen et al. (1996) [15]. The basic idea is to provide,
from an interface stability analysis, a length scale for the multiple units of the laminar
film, so the higher heat removal rates of long heated surfaces may be predicted. As it
was shown by Nishio et al. (1991) [16], earlier models (Greitzer and Abernathy, 1972 [10]
and Andersen, 1976 [17]), though not generic, are able to provide Nusselt numbers higher
than the laminar film model of Bromley (1950) [6], and describe the self-similarity of heat
transfer data (along the heated surface) in a better manner than the turbulent vapor
film models. The latter models of Nishio and Ohtake (1993) [5] were shown to capture
major dependencies of film boiling heat transfer in a wide variety of fluids and in a wide
range of governing parameters (wall surface superheats, liquid subcoolings, pressures).
However, no direct comparison of calculated vapor film characteristics (velocity in the
vapor film, and, at the interface, vapor film units length) against measured data was
made available. It is because of the lack of experimental data, that recent developments
in film boiling experimentation, and analysis, were directed towards visualization, and
towards measurement and simulation of the wave structure of the vapor-liquid interface,
and its effect on film boiling heat transfer. Experimental studies by Dhir and co-workers
(Bui and Dhir, 1985 [3]; Vijaykumar and Dhir, 1992 [11]) confirm that film breakup has
not been observed in experiments, i.e. the vapor does not leave the film as bubbles, as
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suggested in the vapor-film-unit model by Andersen (1976) [17]. The role of bulges of
vapor, at the vapor-liquid interface, on the film boiling heat transfer mechanisms, was
not systematically examined and accounted for in the vapor-film-unit theory, except in
the work by Bui and Dhir [3].

Thus, the previous theoretical studies of film boiling heat transfer can be classified
into the following four categories:

1. Laminar-Vapor-Film/Smooth-Interface (LVF/SI) models;
2. Turbulent-Vapor-Film/Smooth-Interface (TVF/SI) models ;
3. Laminar-Vapor-Film/Wavy-Interface (LVF/WI) models ; and
4. Turbulent-Vapor-Film/Wavy-Interface (TVF/WI) models.

The models of the first two groups (LVF/SI) appear to predict, reasonably well, the heat
transfer for short vertical surfaces and for spheres and horizontal cylinders of moderate
diameters. The models of the third (LVF/WI) and fourth groups (TVF/WI) perform
better, than those of the first and second groups, in predicting heat transfer on long
vertical surfaces and for spheres and horizontal cylinders of large diameters, when the
heated section is long enough for hydro dynamical waves to develop on the liquid-vapor
interface.

In fact, there is no 'universal' model, which can successfully describe the natural-
convection film boiling heat transfer under different conditions. More importantly, the
existing models can not be applied to a body with complex geometry.

II.2. Modeling of film boiling in core-melt jet fragmentation analyses

Since vapor-film characteristics (film thickness, vapor velocity) may be important
for the jet instability and fragmentation assessment, film boiling on the vertical heated
surfaces has been modeled in FCI codes, particularly, in jet-fragmentation models.

Instability and fragmentation of the core melt jet, and its mixing with water, were first
analyzed by Epstein and Fauske (1985) [18], employing a three-layer inviscid formulation,
namely melt jet, vapor film and bulk liquid. However, the vapor-film thickness and
vapor velocity were determined from the vaporization rate at jet leading edge, which
is proportional to the energy transferred from the jet leading edge to the coolant by
radiation. Thus, no film boiling model around the melt jet was actually utilized. Due to
small cross-section area of the leading edge, the vapor film was determined to be relatively
thin.

The laminar-vapor-film smooth-interface models (LVF/SI) were employed by Wang
et al. (1989) [20] and Chu et al. (1995) [22]. A two-layer turbulent-vapor-film smooth-
interface model (TVF/SI), including the laminar sublayer and well-mixed turbulent layer
of the vapor film, was proposed by Han and Bankoff (1982) [19], and further utilized by
Burger et al. (1995) [21]). The latter study considers only the case of saturated water.
Similarly, a three-layer turbulent-vapor-film smooth-interface (TVF/SI) was developed
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by Meignen and Berthoud (1995) [23] for the saturated water conditions. In fact, two
boundary layers, a 'hot' one on the jet side, and a 'cold' one on the water side, were
introduced. Six free parameters remain in the velocity and temperature profiles when di-
mensionless velocity and temperature are assumed to be proportional [24]. These models
predicted a thick vapor film (10-20 mm) with high vapor velocity. In contrast to these
approachs, the laminar-vapor-film-unit theory (LVF/WI) was examined by Okkonen et
al. (1996) [15] and further developed in [25]. These studies predicted a very thin vapor
film (0.6 mm in a 80K-subcool water pool).

Another aspect, which should be emphasized here, is the role of radiation heat trans-
fer, both, on the vapor-film characteristics and on the mixing-zone thermal hydraulics.
The treatment of radiation differs in the partition of radiated heat absorbed at the vapor-
liquid interface, and the amount that is transferred to the bulk of each phase [26]. Al-
though it was realized that at prototypic melt temperature, most of the radiative heat
flux penetrates deeply into the coolant pool, the assumption that the radiation flux is
deposited at the vapor-liquid interface was employed in most analyses performed with
the above-mentioned models. Notably, the effect of the radiation heat transfer on the
film-boiling convective mechanism is rarely accounted for, as are the significant variation
of the vapor physical properties across the high-temperature vapor film.

Only a few film-boiling experiments with highly subcooled water on relatively high
temperature vertical surface have been performed. Those include, first, the NSRR in-
pile study (Ohnishi et al., 1984) of subcooled film boiling during reactivity-initiated
accident conditions provided TWtmfb in the range 850-1100K and film boiling heat flux in
the range 400-600 kW/m2 for 80K subcooled liquid [27]. Second, film-boiling quenching
experiments were performed at Brookhaven (Green and Irvine, 1994) [28], in which the
experimentally determined heat transfer coefficients were about 1000 W/(m2.K) for highly
subcooled liquid (ATsub = 70K), and Tw>mfh was found in the range 900-1000K for ATsu6

= 60K. Third, steady-state film-boiling experiments were conducted at RIT (Okkonen
et al., 1996 [15]) using a long (1.5 m) vertical heated rod (d — 26 mm), in which the
wall surface temperature ranged from 873 to 1600 K, involving significant radiation heat
transfer. The water subcooling ranged from 3K to 62K. It was found that the vapor film
was very thin and essentially uniform over the heated section, as was the heat transfer
coefficient.

This limited data base makes it difficult to develop, and validate, an appropriate
model of film boiling around the high-temperature core melt jet during its penetration
into a highly subcooled water pool.

III. ANALYSIS OF RELATED ASPECTS

III.l. Natural-convection saturated water film boiling on long vertical
surfaces

Several dimensionless groups were developed to generalize film-boiling heat-transfer
experimental data; see e.g. [13]. For film boiling on a constant-heat-flux wall (qw = cons),
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it can be shown that JVu* = f(Rej, Ar*). For film boiling on a constant-temperature wall
(Tw = cons), it was found that NumtCon = f(Ja, Prv, Ar+) [13]. Only this latter boundary
condition is considered here. The Jacob number Ja represents the wall superheat, i.e. the
boundary condition. The Prandtl and Archimede numbers represent the effect of vapor
and liquid properties. The Laplace' length scale La and thickness of Stokes' sublayer
are employed as major length scales, which are independent of geometrical parameters.
In fact, the following functional dependences of heat transfer were derived, either ex-
perimentally, or theoretically, for natural-convection film boiling of saturated liquid on
vertical surfaces [2], [13].

Nu«,conv = CiPrJ/3 (1)

/Pr \ 1 / 3

Nu*,conv = C2 i^-jfj (2)

r;^.^4 (3)

Eq.(3), with C3 = 0.39, can describe, reasonably well, the data base for ^ > 2, while it
underpredicts experimental data for ^jf < 2. In such a case, Eq.(3), with C3 = 0.42--0.72,
was utilized, for example, to describe the liquid nitrogen film boiling data of Kalinin et
al., see [2]. There are also other correlations which can predict the film-boiling heat
transfer data for Zj&- > 2, such as the Shemagin's laminar-vapor-film correlation [13].

/ , Pr \ 1 / 5

Nu*iConv = C4 + C5. [ArZ^.^-j (4)

We should note that Ja increases with the increase of the surface temperature, and
hence, the region ^f < 2 is of interest here. In particular, under ex-vessel (low-pressure)
core melt-water interaction conditions the parameter ^jf approaches 0.36-0.4 (see Fig.l;
^ ~ 2dp~)- Perhaps, for ^jf < 2, the wavy interface structure is the mechanism, which
governs the film-boiling convective heat transfer. Employing the concept of convective
vapor-liquid interfacial waves, Shemagin and co-workers derived Eq.(5) [13].

Nu*,conv = 0.09244 + 0.163 f Ar°'432 ~ ) • (5)
\ Ja J

For the entire range of *j£, the convective heat transfer coefficient NumiConv is taken
as the larger of those defined by Eq.(4) and Eq.(5). Gogonin et al. (1993) [13] have
shown that this method can describe, with an error of ±15%, most existing data, found
in the literature, for natural convection film boiling of different liquids (water, freon R-
12, R-13, R-113, liquid oxygen and nitrogen, benzene, hexane, methanol) on isothermal
vertical surfaces, with 0.6 < Zjff- < 20 . In addition, it was found that the convective
heat transfer coefficients predicted by Shemagin's method * agree well with the RIT film-
boiling experimental data of nearly-saturated water (3K-5K subcooling) and 0.8 < ^ <
3.2 (see Fig.l, more discussion on this picture will follow).

More importantly, the Shemagin's method indicates only a slight change in
when the parameter Of*- decreases towards 0.4.

JThe steam properties, used in Ja, Prv, Ar+ and Nu*t are determined for Tv = \{TW + Ttat).
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Figure 1: Effect of water subcooling on the convective Nusselt number iVw*)C

III.2. Effect of water subcooling

To the authors' knowledge, the RIT experimental data (Okkonen et al., 1996 [15]) form
the only heat-transfer data base of steady natural-convection film boiling of subcooled
water on long, vertical, and high-temperature surfaces. Fig.l depicts the convective heat
transfer coefficients (/iCoiu> ~ Nu«tConv) which were extracted from the experimentally-
determined total heat transfer coefficient (h^.p) as follows

•Leap _ iexp
nconv — "-•£- ~

222

J-u -T,
(6)

where e is the emissivity coefficient and taken as e = 0.8 (Okkonen et al., 1996 [15]).
J is a radiation parameter (0.2...0.7, Sakurai et al, 1990 [4]), which may be assigned
to be 0.75 (Bromley, 1950 [6]) or 1.0 (Okkonen et al., 1996 [15]). Thus, there are un-
certainties in accessing the radiation heat transfer under film-boiling condition and its
effect on the convective heat transfer. It led to an error in the range 5% to 18% for the
resulting Nu^eonv Nevertheless, the general relationships between Nu*tConv and -
distinguishable for different water subcoolings.

are

The presentation of the data in the form of Fig.l shows that the effect of water
subcooling on the convective film-boiling heat transfer becomes less with the increase
of Tw. For a given surface temperature (i.e. ^ - ) , the larger subcoolings yield higher
iVu*iCOnv. For a specified water subcooling, the effect of water subcooling diminishes
when ^ - is smaller than a certain value. For example, for water subcooling < 30K,
Fig.l shows that the Nusselt number Nu*tConv are nearly the same for different water
subcoolings, when ^j£- a< 0.8.
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III.3. Effect of radiation heat flux

The effect of the radiation heat flux on the convective heat transfer were investigated
in the past, see a review by Sakurai et al, 1990 [4]. Several empirical and semi-empirical
correction methods were proposed, and, to a certain extent, validated against the heat
transfer data obtained with the surface temperature lower than HOOK. However, un-
der such conditions, the film-boiling convective-conductive heat-transfer mechanism still
dominates the heat removal from the heated surfaces. It, therefore, raises a question
about the application of these methods for higher temperature conditions such as in pro-
totypic core melt scenarios, where the radiation heat transfer is a major heat-removal
mechanism. Furthermore, in most studies performed in the past, e.g. Chu et al. (1995)
[22], Burger et al. (1995) [21], Meignen and Berthoud (1995) [23], the radiation energy
is deposited on the vapor-liquid interface, thus contributing to the vaporization rate and
mass balance of the vapor film. It partly explains why these models predicted a thick
vapor film (10-20mm) and high vapor velocity (100-200 m/s) around the core melt jet.

In fact, the radiation heat flux changes, drastically, with the emitting-surface temper-
ature. Approximately, qrad are 0.05, 0.7 and 3.7 MW/m2 for Tw equal to 1000K, 2000K
and 3000K, respectively. It also depends on the thermal radiation properties of emitting
bodies. The literature survey, performed by the authors, indicates that there exist signif-
icant uncertainties in determining the emissivity of oxidic-material surfaces in the tem-
perature range approaching the material's solidus point and higher. More importantly,
it was found that the dependencies of the emissivity coefficient on temperature are quite
different for different oxidic materials. For prototypical FCI conditions, the radiation
properties are largely unknown, and may vary with the change of core-melt composition
and surface temperature. For uranium dioxide UO2, the emissivity coefficient e varies
between 0.81 and 0.84 for wavelengths in the range from 0.4/wm and 0.7 //m (Jones and
Murchison, 1965 [29]). The available data of UO2 indicate that the emissivity coefficient
increases with temperature between 450K and 2200 K. For higher temperature, Held and
Wilder (1969) [30] reported a drop of a few percent in the emissivity coefficient near 2400
K. However, it remains unknown whether the emissivity continues that trend. Currently,
the emissivity coefficient e = 0.8 can probably be used in first-order assessments.

With regard to film boiling, it is crucial to delineate the absorption capacity of the
vapor and water. For this purpose, radiation calculations were performed, employing the
radiation properties of water and steam [31]. Only major results are discussed here.

First, the analysis shows that the absorptance in the steam layer (lcm) is small (~ 1%)
2 and depends on the system pressure and steam temperature (density). The radiation
contribution to the vapor-film energy balance is fairly small, compared to the energy
transferred through the vapor film by the conduction mechanism.

Secondly, radiation calculations were performed, taking into account the transparency
of the water to radiation in the range of wavelengths from 0.2/rni to 1/im. The calculated
results show that, for FCI conditions (i.e. temperature of the emitting surfaces in the

2At high temperature, the vapor emission energy is roughly 10% of the radiation energy deposited in
it.
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Figure 2: Absorptivity of water layers as functions of temperature and layer thickness.

range from 2000K to 3000K, hence, the corresponding wavelengths in the range 0.8/um
to 1.4/zm), a significant part of the radiation energy deeply penetrates the body of the
liquid, Fig.2. Specifically, for the core-melt jet with surface temperature about 3000K,
only 25%, 50% and 70% of the radiated energy are deposited within the first millimeter
(0.001m), first centimeter (0.01 m) and first decimeter (0.1 m) of the water behind the
vapor-liquid interface, respectively.

The radiation energy deposited in the coolant pool leads to its heating up, especially,
in the region near the vapor-liquid interface. It was estimated from a conduction-type
analysis that, at temperatures of ~ 3000K, the radiation energy alone could heat up a
water layer of 0.01 m to the saturation point in less than two seconds. However, the
subsequent convection calculations revealed that the internal energy source (associated
with radiation energy deposited in water) results in ascending water flows in the region
outside the vapor film. Colder, subcooled, water, is then brought from the pool body
to this interfacial region due to natural convection. Since, the volume of the ex-vessel
highly-sub cooled water pool is very large (say, 200-300m3), the effect of subcooling on
the boiling/condensation dynamics of the mixing zone should be substantial.

Thus, the radiation absorption behavior of steam and water, described above, may sig-
nificantly limit the effect of water subcooling on the convective film-boiling heat transfer
and vapor film characteristics (vapor film thickness and vapor velocity).

I I I .4 . Effect of vapor physical propert ies

Under high-temperature conditions (say, 3000-3200K) the steam physical properties
will vary over the vapor film. No experimental data at high temperatures ( > 1500K)
are available at present for use. There exist different methods, which were proposed to
extrapolate of steam-property equations to temperatures well beyond the range of their
intended applications; see a review by Vasic et al. (1992) [32]. They also constructed
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a lookup table for steam properties, based on Vargaftik's calculation data. The table
shows a large variation in steam properties at temperatures higher than 1600K. Relative
changes of the properties and of film-boiling-related parameters are shown in Table 1.
Notably, the steam thermal conductivity changes by factor 200, and the other properties
(Cp, n, p) change by factors of 10, over the vapor film.

Table 1: Variation of steam properties and related parameters.

TV,K
P*

Pv.aat

Cp.v.aat

Kv.sat

U-v.sat

An
Ja
Prv
Lv (mm)

Liytv

1273
0.288

1.228
6.315
3.858
11241.
0.994
0.735
0.112
3.72

1773

0.207

1.523
10.12
4.935
4928.
1.923
0.728
0.147
4.90

2273

0.159

2.710
21.40
5.848
2701.
4.629
0.726
0.180
5.99

3273
0.082

12.99
202.5
6.648
1076.
33.33
0.418
0.244
8.13

Considering Eq.(5) and Table 1, the film-boiling convective heat transfer coefficient
is found to be insensitive to Ar*, Prv, but sensitive to the vapor conductivity KV

and the thickness of the Stokes sublayer in the vapor film Lu. Specifically, KV grows
faster than Lu. Therefore, the heat transfer coefficient hconv increases with the increase
of the temperature, provided that the Nusselt number Nu*tConv is limited to the range
0.18-0.22, see Fig.l. Thus, the heat transfer coefficient and the vapor film thickness
Sv at FCI conditions can be estimated as hcmv = Nu*^-«« = (350-^1000) W/(m2.K)
and Sv = jj^x— = (0.735-4-1.2) mm. The lower values were predicted using Tv —

\{TW + Tsat), while the upper bounding values were obtained with Tv = Tw. As seen
the uncertainties associated with the steam properties are significant. Furthermore, such
assessments should be viewed with caution, since they do not take into account the fact
that the steam property changes are not linear functions of vapor temperature Tv, when
Tv >1400K.

In such a case, the method, used in most previous analyses of film boiling and based
on the average vapor-film temperature (7\, = \(TW + Tsat)), may fail to properly account
for the property variations.

I I I . 5. Summary . The analysis indicates that the Shemagin's method for saturated
film boiling may be used for a conservative estimation of characteristics of film boiling
on a high-temperature vertical surface. However, a more powerful method is needed
to properly account for the effect of radiation heat transfer, water subcooling, property
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variations, and bulk coolant dynamics on vapor film behavior, under FCI conditions.

IV. MODELING OF FILM BOILING

In next three sections, film boiling thermal hydraulics is examined by the CFD
method. In particular, the method is used to determine the effect of the significant
variation of the steam physical properties across the vapor film under high-temperature
conditions.

IV.l. Local-homogeneous-slip model

In an earlier study, the so-called local-homogeneous-slip model (LHSM) was proposed
to simulate heat transfer in a reactivity-initiated accident in light water reactors (Dinh
and Zemlianoukhin, 1993 [33], Dinh, 1997 [34]). The dominant heat transfer regime, in
such a situation, is film boiling around the fuel cladding, which determines the tempera-
ture regime of the cladding under sharp (pulse) power increase conditions. It was found
that the model can describe the major physical processes involved. Particularly, com-
parison with experimental data showed that the fuel cladding temperature rise could be
predicted. Also, heat transfer in the film boiling regime, as well as the transient "boiling"
curve (including critical heat flux, minimum film boiling temperature), can be addressed
fairly well by the model.

The two-phase boiling system is represented by the set of mass, momentum, and
energy conservation equations in a viscous formulation for a thermally-expandable fluid.
Single-phase liquid and vapor film regions are properly represented in the model. Local
thermal equilibrium is assumed in the energy equation, which is written in terms of the
two-phase mixture enthalpy. Thermodynamic and transport properties of single phase
(liquid, vapor) are temperature-dependent. Special treatment of these properties is given
for the two-phase flow region, where the local mixture enthalpy is more than that of
the saturated liquid and less than that of the saturated vapor. The heat capacity is
represented as a linear function of the phase mass fractions x», while the density, thermal
conductivity and dynamic viscosity are approximated as a function of the phase volume
fractions fa; see [35].

IV.2. Governing equations and source terms

The mathematical model is based on the set of governing equations formulated in
two-dimensional (axi-symmetric) form. It is worth noting that extension of the local-
homogeneous-slip model to three-dimensional formulation is straightforward.

Conservation of mass, axial and radial momentum, as well as energy, are described in
equations (7),(8),(9) and (10), respectively.

dp d(pU) ldjrpV)
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d(pU) d{pU • U) 1 djrpU -V) ^ d f dU
dt dz r dr dz \ dz

d(pV) d(pV • U) 1 djrpV • V) _ d ( dV_
dt + dz + r dr " dz \ dz

8{p9) d(p9 • U) 1 d{rp9 • V) _ d_ (_K_d£
dt dz r dr dz \Cpdz

Here, Sq(r, z) represents the locally distributed internal energy source in the two-phase
flow medium, such as, e.g. radiative heat absorbed in the vapor film, in the two-phase
layer, and in the liquid pool.

IV.3. Approximation of physical properties

Thermophysical properties of the single-phase regions (9 < 9' and 9 > 9") are calcu-
lated as polynomial temperature-dependent functions, obtained for isobaric conditions.

For the two-phase mixing layer, an approximation method must be employed to deter-
mine the thermodynamic and transport properties, used in equations (7)-(10). Assuming
the local thermal equilibrium of the two-phase medium, the liquid and the vapor in this
region are saturated fluids. The physical properties of each phase are, therefore, taken at
the saturation condition for a given system pressure. In addition, the assumption about
the local thermal equilibrium allows to define the vapor mass quality % from the mixture
enthalpy 9 as

9-9'

*—e- (11)

Thus, the vapor mass quality may vary significantly over the flow region as well as along
the stream lines. The following equation is employed for determination of the vapor
volume fraction:

where S is the slip factor to account for the mechanical non-equilibrium in the two-phase
medium. This factor certainly depends on the flow structure and may be significant for
low pressure systems, where the difference in (liquid and vapor) phase densities is large.
In the calculations, the slip factor S is determined.

The homogeneous formulation is used to determine the thermodynamic properties:
density [eq.(13)] and heat capacity [eq.(14)].

p = (/.'(l-<P) + (/'-V (13)

Cp = C'-(l-X) + C"-x (14)
This formulation has been used extensively in one-dimensional mixture models of two-
phase flows in channels. In the present study, the physical properties are determined
locally, based on the local mixture enthalpy, and, therefore, the model is named as the
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local-homogeneous-slip model. Transport properties of the two-phase medium are deter-
mined, similarly. The following formulation is employed to calculate heat conductivity
and viscosity for the two-phase mixture.

K K (15)

Nourgaliev et al. (1997) [36] performed a parametric investigation of the model sensitivity
to the prescription of the two-phase mixture thermophysical properties. It was concluded,
that the prescription has only a minor effect on the results.

The radiation energy absorbed in a water layer is represented by a function of wall sur-
face temperature and the water layer thickness I; see Fig.2. In order to take into account
the radiation energy deposited in the two-phase mixing region, an effective-radiation-
absorbing length is defined, /e// = /o

r(1 — ip)dr. When employing this formulation, the
radiation energy source term Sg(r,z) in Eq.(lO) is determined locally.

Figure 3: Problem formulation (film-boiling experiments on vertical surfaces).

IV.4. Problem formulation and boundary conditions. Numerical method.

A cylindrical rod (radius r0) is placed vertically in the center of a coolant tank (radius
rp) (see Fig.3 for geometrical dimensions). The following boundary conditions are applied
at the vertical boundaries of the computational domain:

= 0 (17)

T\r=ro,zint<z<zt —

dO \ o,<ini ]
—- r = r0)z> zt = 0

(18)

(19)
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Figure 4: The calculated velocity field and isolines of the vapor volume fraction for
Ohtake and Nishio (1994) film-boiling experiments of freon R113 (left). Experimental
observations by Bui and Dhir (1985) (right, a)) and Nishio et al. (1991) (right, b)).

At the upper boundary of the computational domain, z = H, the symmetry condition
(zero-gradient) is applied for all variables (0, U, V).

. dU
d z=H z=H

= 0 (20)
z=H

At the bottom boundary, z = 0, the symmetry conditions for heat transfer and horizontal
velocity component V were utilized.

88

8
= 0;

z=0 dz = o (21)
2 = 0

In this study, only the natural-convection film boiling was investigated (U\z=z0 = 0).

The LHSM, introduced above, was implemented in two CFD codes, namely NARAL
code (Dinh and Nourgaliev (1997) [37]) and the general-purpose code CFX-F3D (1995)
[38]. They were employed for solving the set of the conservation equations. Both codes
are based on the control volume methodology (Patankar, 1980 [39]) and the SIMPLER
and SIMPLEC algorithms (7)-(9), respectively. Spatially, the equations were discretized
using hybrid (NARAL) and Van-Leer (CFX-F3D) numerical schemes. Both codes employ
the backward difference scheme for time advancement.

Computational domain was nodalized with mesh including 6000 to 20000 computa-
tional nodes. A very dense grid was utilized in the near-wall region to describe boundary
layers. A non-uniform grid was used in the vertical direction to describe the thermal
entrance effect.

Numerical procedure: Film boiling computations were started from the fully-converged
solution obtained for single-phase flow. The temperature at the wall was raised to Tw
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(Tw > Tmfb) and the transient calculation was performed until a quasi-steady-state solu-
tion was obtained.

V. MODEL PERFORMANCE

The model presented above was tested against various film-boiling experiments of
water and freon R113 on vertical surfaces [35] and on horizontal cylinders [36]. Sensitivity
analyses revealed significant dependence of the local and surface-average heat transfer
coefficient on the slip factor S, whose increase leads to higher heat fluxes. The sensitivity
to the slip factor decreases with higher values of S. Therefore, high slip factors were
chosen in this study.

It was found that LHSM is able to describe the convective heat transfer mechanism in
all investigated cases. Specifically, LHSM predicted the self-similar heat transfer regime
in the region far enough from the leading edge. Furthermore, with fine nodalization of
the near-wall region, and with high slip factors, LHSM predicted the wave structure of
the vapor-liquid interface. Characteristic wavelengths of these waves are in a resonable
agreement with experimental observations.

A careful analysis of the calculated velocity field and phase distribution (isolines ip
= 0.; 0.5 and 1.0) showed that the vapor film features a wavy interface associated with
hydrodynamical instability (Fig.4). These results agree, qualitatively, with experimental
observations of Bui and Dhir (1985) [3] (for water) and Nishio et al. (1991) [16] (for
liquid nitrogen). It should be noted that the wave structures may be quite different for
different liquids.

V.I. Film boiling on high-temperature surfaces.

In this section, the LHSM is employed to analyze the film boiling heat transfer from a
vertical rod, for surface temperature in the range 900K to 1600K. It is worth noting that in
the temperature range 900K-1200K, the radiation heat fluxes are mainly deposited in the
region closed to the vapor-liquid interface. The vaporization, contributed by the radiation
energy, causes a substantial decrease of the convective heat transfer coefficient (see e.g.
Sakurai et al, 1990 [4]). In order to properly represent the radiation effect in LHSM, a
very fine nodalization in the region close to the vapor-liquid interface must be employed.
A coarse grid used at this region may cause excessive heat diffusion, which leads to the
bulk liquid heat up rather than the vaporization of the interfacial layer. This explains
why the LHSM, with the radiation heat transfer model implemented, underpredicts the
effect of the liquid subcooling and, hence, the convective heat transfer rate under high
liquid subcooling and low surface temperature conditions (see Table 2). At higher surface
temperature, the radiation heat fluxes penatrate, more deeply, into the body of the liquid.
In such a case, a coarser grid may be used. Therefore, it is more reliable to employ the
LHSM coupled with the radiation heat transfer model, when surface temperatures are
high.

Fig.5 presents the calculated total heat transfer coefficient (htot = Kad + hconv), ob-
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Table 2: The performance of the LHSM, coupled with the radiation heat transfer, for
different liquid subcoolings (S = 150).

ATsub
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tained for low-sub cooling cases (ATaub — 5K), as function of surface temperature (case A
and case B). The slip factor of S = 150 is used in all these calculations 3. Heat transfer
coefficients he

e
s*v interpolated from those data obtained in the RIT film boiling experi-

ments (Okkonen et al., 1996 [15]) are also shown for comparison (see data for 3K and 9K
subcoolings). In case A, the radiation heat transfer model is implemented in LHSM, so
that the film boiling convective heat transfer (hconv) is affected by the radiation heatup
of the bulk liquid. In case B, the total heat transfer coefficient is sumed from hrag and
hamv, which are determined independently. Despite the grid limitation (crucial for the
treatment of Sq,rad at Tw < 1200K) and the uncertainties in determining the rod surface
emissivity e, a fairly good agreement between the calculation results (case A) and exper-
imental data was obtained. It was found that the vapor film is thin, about 0.3-0.5 mm,
and the maximum vapor velocity is 8-10 m/s. Notably, the LHSM, with <S= 150, is found
to perform very well for all nearly-saturated cases.

Exp. (Subcool)
700

1000 1200 1400
Surface temperature, K

1600

Figure 5: Comparison of the LHSM calculated heat transfer coefficients with the RIT
film-boiling experimental data (Okkonen et al., 1996).

It was also found that the radiation heat transfer model, implemented in the LHSM
3The slip factor, which is associated with the structure of the two-phase mixing region, may depend

on the bulk-liquid subcooling. Development of a generic formulation of the slip factor for different flow
and thermal conditions is underway at RIT.
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(case A), provides a better description for the effect of radiation heat transfer on the
convective film-boiling heat transfer. Lower convective heat transfer coefficients (hconv)
were obtained in case A, because the deposited radiation energy diminishes the effect of
water subcooling. Nevertheless, with increased surface temperatures, the solutions in two
cases (A and B) approach each other. Thus, it appears that the radiation heat transfer
and the convective heat transfer mechanisms become independent under higher-surface
temperature and nearly-saturation-liquid conditions. The latter condition may result from
the former due to the liquid heat-up by the radiation heat transfer.

There are substantial uncertainties in delineating the role of the two competing pro-
cesses (the liquid heat-up by radiation heat transfer and the natural-convection flows in
the coolant pool) on the thermal conditions of the liquid layer next to the vapor film.
Furthermore, the slip factor may vary in different situations. However, the LHSM, with a
high slip factor (S = 150), appears to predict the characteristics of film boiling around a
core melt jet under prototypic FCIs conditions. Both the high radiation-heat-fluxes and
the heat transfer from the melt particles, stripped from the jet surface, contribute to the
heat-up of the coolant layer next to the vapor film.

VI. MODEL PREDICTIONS FOR HIGH-TEMPERATURE FILM BOIL-
ING

In this section, calculations are performed for film boiling under idealized FCI condi-
tions, for an isothermally-heated rod representing the core melt jet.

VI. 1. Effect of steam properties

A comparative analysis was performed in order to investigate the effect of the steam
properties on the convective film-boiling heat transfer on an isothermal vertical surface Tw

= 3273K. Specifically, the steam thermal conductivity (and heat capacity) vary differently
with temperature for Tv < 1600K and Tv > 1600K. In case SI, the steam physical
properties are according to recommendation of Vasic et al. (1992) [32], which show a
considerable change in trend at temperatures higher than 1600K. In case S2, the nearly
linear relationships of KV(TV) and CPjV(Tv) in the region Tv < 1600K are extrapolated to
the region Tv > 1600K. Such an extrapolation of steam properties to higher temperatures
was suggested by a number of authors; see [32]. In this case, the steam conductivity and
heat capacity in the near-wall vapor sublayer are 5 to 10 times lower than those employed
in case Si (see Fig.6). As a result, different steam temperature profiles were obtained for
the two cases (SI and S2).

Fig.6 also shows that in case Si the steam temperature profile is not linear, as it
should be in the case of a conductive laminar vapor film with KV = constant. With the
high thermal conductivity KV, the temperature profile appears more like a turbulent one
(although it is not turbulent), with a thick high-temperature near-wall layer. The vapor
film itself is much thicker (3 mm) for case SI. The maximum vapor velocities are quite
different for the two cases: nearly 100 m/s for case SI, and 30 m/s for case S2. The
vapor film, however, remains essentially laminar (Re = m^Jitm ~< 300), due to high
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kinematic viscosity at high temperatures {vv = ^ ~ 7-10"4 - 1.2-10 3 ) .

The calculated convective heat transfer coefficient hconv is ~ 450 -^^ in case Si, while
hconv — 200 -^-^ in case S2. Thus, the steam physical properties significantly affect the
film boiling characteristics. The steam physical properties summarized by Vasic et al.
(1992) [32] in their lookup table will be further employed for LHSM simulation of film
boing at high surface temperatures.
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Figure 6: Effect of the steam properties on film-boiling heat transfer (steam conductivity-
determined for the local steam temperature).

VI.2. Film-boiling characteristics

Results of calculations, performed with different liquid sub coolings and using differ-
ent radiation heat transfer models, revealed the fact that, at high surface temperatures,
these factors do not remarkably affect the characteristics of film boiling, i.e. the vapor
film thickness and the convective heat transfer coefficient remain similar to the nearly
saturated film boiling cases. Table 3 depicts the film boiling characteristics, calculated
by the LHSM with a slip factor of 150 and for nearly-saturated water, at different sur-
face temperatures. These results are a conservative estimation and can be used in an
instability analysis of melt jet breakup in water pool.

It can also be seen that, the convective heat transfer coefficient hconv is doubled in
the temperature range 2273K < Tw < 3273K, while the radiation heat-transfer coefficient
hrad increases with a factor of 2.8 .

VI.3 Boiling dynamics around the melt jet

In this section, the boiling dynamics of the two-phase mixing zone around the melt
jet is analyzed with regard to the film-boiling thermal hydraulic characteristics. In a
companion paper by Dinh et al. (1997) [40] fragmentation of a melt jet in a coolant
pool was analyzed. Specifically, 25-mm diameter jets of Cerrobend melt at 558K were
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Table 3: Prediction of film-boiling characteristics by the LHSM.

6f, mm
Umax, m/s
/?„ UmaxSfilm

1 1 0 I/.,

hC(mv, W/(ma.K)
hrad, W/(m2.K)

1773

0.5
19
55
220
285
43%

2273

0.85
30
87

210
637
25%

2773

1.6
58
166
270
1117
19%

3273

3.0
97
267
450
1794
20%

dropped into a nearly-saturated water box. It was observed that during the initial period
of jet penetration, the two-phase region around the jet was thin. Later on, when the jet
probably reached its fragmentation state, intense steam generation was observed, with
large vapor bulges moving upwards. Large quantities of melt and water were blown off the
test section due to the vapor flows. Simulation of this experiment was performed using
the MELT-3D (Multiphase Eulerian-Lagrangian Transport-3D) program, which has been
developed at RIT for analysis of multiphase mixing associated with fragmentation of a
corium jet in a water pool. A similar picture of violent boiling in the whole test section
and water depletion was observed in the RIT experiment. The melt jet is surrounded by
a two-phase region, with vapor volume fraction up to 0.5-0.7.

Similar situation may exist in a prototypic ex-vessel FCI process, with a long-pouring
core melt jet, discharged from the reactor pressure vessel, into a highly-subcooled water
pool. The intense vapor generation, and the upward movement of the two-phase mixture
can affect the film boiling characteristics, namely the vapor film thickness and the velocity
of vapor in the layer next to the melt jet.

200

160

120

1
80

40

0

'single-phase' film boiling
'two-phase'film boiling

1.0

0.8

0.6

0.4

0.2

0.0
0.000 0.002 0.004 0.006 0.008 0.010

Distance from the wall, m

Figure 7: Effect of the two-phase mixing zone on vapor-film characteristics (Tw = 2773K).
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In order to explore the effect of the two-phase mixing zone on film boiling, calculations
of 'two-phase' film boiling were performed using the LHSM (with Tw = 2773K). Fig. 7
depicts the calculated results for 'single-phase' film boiling (when no boiling zone is
present outside the region associated with film boiling - case 1-Ph) and 'two-phase' film
boiling (when a large two-phase boiling zone is present outside the vapor film - case 2-
Ph). The 'two-phase' boiling zone around the heated rod was created by adding a suitable
amount of energy to this region. Specifically, the vapor volume fraction (p in the two-
phase mixing zone was about ~ 0.3 in case 2-Ph, which is the bubbly flow regime outside
the vapor film. As can be seen, two similar velocity profiles of the laminar vapor flows
were predicted, with higher vapor velocity in the 'two-phase' film-boiling case (Umax,2P~
85 m/s versus Umax,ip= 58 m/s). The vapor film thicknesses remain roughly the same
(Sf}ip = 1.6 mm vs. Sj^p = 1.9 mm), as do the convective heat-transfer coefficients
[hconv,ip = 270 W/(m2.K) vs. hconv^P = 228 W/(m2.K)]. It is therefore concluded that
the presence of the outer two-phase mixing region causes only a slight change of film-
boiling characteristics.

Thus, the analysis performed indicates that the presence of the two-phase mixing re-
gion causes only a slight change of film-boiling characteristics. Notably, the pure vapor film
remains thin, and therefore, it acts like an incompressible layer, which separates the jet
and the coolant pool. Thus, a thin-vapor-film approximation can be employed for ana-
lyzing the interaction between the melt jet and the ambient fluid (see e.g., Epstein and
Fauske, 1985 [18]). Specifically, in a FCI situation, the two-phase mixing zone acts as the
ambient fluid. Therefore, the assessments of the jet instability and breaking-up should
take into account the effect of the ascending (vapor) flows and the effective (homoge-
nized) density of the 'ambient' fluid; see ref.[40] for more discussion on the jet instability
mechanisms.

VII. CONCLUDING REMARKS

The present work emphasizes analysis of the potential effects of prototypic FCI condi-
tions on film boiling heat transfer and flow structure, since such information is necessary
for FCI modeling. The effects of water subcooling, radiation heat transfer, temperature-
dependent steam properties were analyzed. In particular, a detailed model of radiation
heat transfer was introduced, so the local absorptions of radiation heat in vapor and liquid
are calculated and represented as energy sources in the energy equation. The study also
highlights significant uncertainties in predicting film boiling heat transfer associated with
physical properties of the emitting surface and vapor under prototypic FCI conditions.
The synthesis performed provides a better understanding of the phenomenology of film
boiling under FCI conditions. The major findings as follows.

Analyses, performed by accounting for the radiation (absorption) properties of steam
and water under prototypic FCI conditions, showed that the effect of (bulk) liquid sub-
cooling on film boiling characteristics decreases with increasing of the surface tempera-
ture. This is attributed to the deep penetration of significant portions of the radiative
heat flux (of wavelengths cz lfim) into the body of liquid next to the vapor-liquid inter-
face.
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The convective film-boiling heat transfer coefficient is found to be sensitive to the
surface temperature in the range 1600K to 3300K, since the steam thermal conductivity
K, and other physical properties, change radically in this temperature region.

When analyzing film boiling on a long vertical rod the LHSM predicts that film boiling
heat removal rate (and the time-average vapor film thickness) becomes independent of
the location after some distance from the leading edge of the heated section. This is in
good agreement with available experimental data.

It is expected that the wavy structure of vapor-liquid interface will govern the film
boiling heat transfer and flow dynamics under high-temperature conditions. In such
cases, a thin vapor film is predicted, and, the vapor velocity in the vapor film is relatively
low. Low density pv and high dynamic viscosity fxv of the steam at high temperatures
will further keep the vapor film flow laminar.

Table 3, Fig.6, and Fig.7 provide the LHSM prediction results for film boiling of
water on high-temperature vertical surfaces, taking into account the above factors and
phenomena. These results can be used in assessments of film boiling around a core melt
jet fragmenting in a coolant pool.

The prototypic FCI conditions of a core melt jet fragmenting in a subcooled water
pool may involve a complex picture of the two-phase mixing zone. The thickness of this
zone, and its boiling dynamics, is partly determined by the thermal interactions between
the melt particles, stripped from the jet body, and the coolant pool. Even in these cases,
the results of analyses and numerical simulation indicate that the pure vapor film remains
thin (~ 1 to 3 mm). As a result, the thin vapor film may act like an incompressible layer,
which does not significantly affect macroscopic momentum exchange between the large-
diameter melt jet and the ambient fluid. The two-phase mixing zone (with a homogenized
density) acts, in this case, as the ambient fluid.

Further study of film boiling on vertical surfaces, as well the investigation of melt jet
instability and fragmentation in a coolant pool, are underway at RIT.
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NOMENCLATURE

Ar*

9*
h
H
^latent

Ja

Nu*

P
Pr
q
r
Re
S
S
t
T
U,V

FCI
LVF
LHSM
SI
TPBL
WI

Arabic

Archimed number; Ar* — -y

specific heat, J/(kg • K)
gravitational acceleration, m/s2

Pv - i )

1/2

t t ^ )
heat transfer coefficient, W/(m2 • K)
total height of the comp. domain, m
latent vaporization heat, J/kg
Jacob number; Ja = cp'"4Tt""T'ot)

"latentLaplace's length scale, m, La = J , °_ ,

thickness of Stokes sublayer, m, Lv = (-jj
modified Nusselt number;

pressure, Pa
Prandtl number, Pr — ̂
heat flux, W/m2

radial coordinate, m
Reynold number, Re = ^
slip factor, r=k
source term
time, s
temperature, K
velocity in the z- and ^-directions,
respectively, m/s
vertical coordinate, m

Abbreviations
Fuel-coolant interactions
Laminar vapor film
Local-homogeneous-slip model
Smooth interface
Two-phase-boundary-layer theory
Wavy interface

a

X
8
e

K

V

p
<p
e
e

Greek

thermal diffusivity, m2/s

vapor mass quality
thickness, length, m
emissivity coefficient
thermal conductivity, W/m • K
dynamic viscosity, Pa • s
kinematic viscosity, m2/s
density, kg/m3

vapor volume fraction

enthalpy, J/kg
latent heat of vaporization, J/kg

ATsub liquid subcooling, Tsat - Tj, K

ATW wall superheat, Tw - Tsat, K

conv
exp

f
I
mfb
rad
sat
sub
tot
V

w
1

II

Super- and subscripts
convective
experiment
vapor film
liquid
minimum film boiling
radiative
saturation
subcooling
total
vapor
wall
saturated liquid
saturated vapor
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Abstract: This paper presents experimental data and analysis related to melt droplets
falling into a water pool. A binary CaO-B2O3 melt mixture is used to study the influence
of melt superheat and water subcooling on droplet deformation and fragmentation. For
the conditions studied (We < 1000), the surface tension of the melt droplet and the
film boiling stability greatly affect the fragmentation behaviour. If the melt temperature
is between the liquidus and solidus point (mushy zone) or if the film boiling is stable
due to a relatively low subcooling, the droplet deformation and fragmentation are mit-
igated. This behaviour can be related to the effective Weber number (We) of the melt
droplet upon entry into the water pool. Similar phenomena can be expected also for
interactions of corium (UO2-ZrO2) and water, which are characterized by a potentially
fast transformation of melt into the mushy zone and by particularly stable film boiling.

Keywords: Fuel-coolant interactions, droplet deformation and fragmentation, mushy
zone.

1. INTRODUCTION

The freezing of melt droplets may limit steam explosion energetics under highly sub cooled
coolant conditions, where voiding of the water pool is moderate [e.g., Theofanous et a?.1)].
Completely solidified melt particles cannot efficiently take part in an explosion, since they
cannot be fragmented in an explosive time scale; and also partially frozen particles may
resist fine fragmentation. Furthermore, only liquid-liquid contact can cause spontaneous
nucleation of the coolant liquid, the onset of which was quantified first by Henry and
Fauske2). They considered spontaneous nucleation to be necessary for an explosive fuel-
coolant interaction (FCI). Solidification of UO2 and some other nuclear fuel materials were
examined, at the same time, for potential effects on fragmentation and steam explosion
phenomena [e.g., Cronenberg and Coats3)]. The results indicated that droplet freezing
could affect fragmentation and liquid-liquid contact.

In a previous paper4), the freezing of different melt materials was studied, in particular
for oxidic melt mixtures. The phase change of such melt composites typically occurs over
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a specific temperature range, which is determined by the solidus and liquidus points
- and called the "mushy" zone. Most importantly here, the UO2-ZrC>2 melt mixture,
"corium", could be transformed quickly into a non-liquid form due to the high radiative
heat flux, which leads to a fast penetration of mushy zone into melt droplets that typically
have relatively low superheats. This transformation may be one of the reasons why it
is difficult to create steam explosions with corium, as seen in the KROTOS experiments
at JRC Ispra5). Efficient coolant voiding, stable film boiling, and small particle sizes
observed after the tests, are additional factors to be addressed. They too may be related
to high corium temperatures and binary melt characteristics.

The freezing-limited steam explosion energetics can be divided into two questions:
how does freezing proceed and what kind of a melt particle is frozen enough to be "non-
explosive"? The focus of the present study is the behaviour of melt droplets entering a
water pool. Specifically, the potential effects of mushy melt material and water subcooling
on droplet deformation and fragmentation are examined. Recent experiments carried out
at KTH are described first, and after that, the experimental results are presented and
analysed. The influence of mushy melt is represented mainly by a higher surface tension,
which decreases the Weber number of the melt droplet. New insights into the interactions
of binary melt mixtures and water are provided based on the tests with CaO-BjOs melt
and water. A specific feature of the CaO-B2O3 composition used here is that it undergoes
a transition to a glass-type material upon fast cooling. Further experiments on other,
more ceramic compositions and melt mixtures will therefore be the next step.

In addition to the relationship to steam explosion energetics, the test results are of
direct relevance to situations where melt enters a water pool in a somewhat prefragmented
and precooled (mushy) form. Namely, if the released melt jet is broken up during its
passage through the gas space and intervening structures - in contrast to the assumptions
in melt jet breakup analyses [e.g., Chu tt a/.6)], the final debris configuration could deviate
from that from a melt jet-water interaction.

2. EXPERIMENTAL FACILITY AND MELT

The experimental facility is shown in Fig. 1. The melt was generated in a crucible placed
inside an annular heater. The heating block consisted of resistant heating wires, a thick
outer insulation shell, and an insulating upper lock. The maximum temperature of the
heater used in the present test series was 1420 K and the heated length was 50 cm. The
heatup rate was controlled manually by changing the AC voltage (0...200 V).

The heater block enclosed an inner pipe with movable support structure, both made
of stainless steel (SS). A SS melt generation crucible was used in the tests with the CaO-
B2O3 melt mixture and molten tin (Sn). The inner diameter of the SS crucible was 42
mm and the height was 100 mm. The crucible had a nozzle with a flow length of 22 mm
and an inner diameter of 3...4 mm, the outlet being smaller. The nozzle acted as the
droplet generator and the nozzle outlet elevation was chosen, in most tests, to be at the
middle elevation in the heater block (25 cm above the outlet of the heated section).
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Figure 1: Schematic picture of the experimental facility.

The water pool design varied during the initial CaO-B2O3 tests until a 70 cm deep
plexiglas tank was constructed. A relatively deep tank was needed to confirm that the
droplets did not change their form upon striking the pool bottom. The tank was filled
with water up to the middle elevation, at the minimum. The pool cross-section was a
square with inner dimensions 25 x 25 cm. A copper sieve collected the particles at the
pool bottom. Ice was used to obtain water temperatures below ambient, while warm
water could be obtained from a separate heater tank. A small water container was used
in tests with almost saturated water, where no major droplet deformation was observed.

Four K-type temperature measurement points were provided: (1) above the melt
generation crucible, (2) inside the heater block, (3) below the crucible, and (4) in the water
pool. The first and third points were usually close enough, such that the melt temperature
could be determined with an uncertainty of about 10 K. The reliability of using these two
measurements as the melt temperature range was confirmed, in some tests, by measuring
directly the melt temperature. As discussed below, the release characteristics of the CaO-
B2O3 melt were consistent with the phase diagram, which gave additional confidence in
the measured temperatures.

Most tests with CaO-B2O3 melt were performed by heating about 50 g of initially solid
material inside the crucible and by allowing it to flow out freely through the open nozzle.
The melt release started after the solidus point had been exceeded. Initially, the interval
between melt droplets was several seconds, however this decreased to less than a second
upon passing the liquidus point. The melt release process was consistently reproducible.
Particularly frequent dropping was observed in superheated melt tests, where the start
of melt release was controlled by a stainless steel plug. The plug, which had a conical
head, was raised after the required melt temperature had been reached.
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The tests with molten tin were performed with a melt mass of about 30 g. The melt
release was started by disturbing the melt near the hole with a steel wire, after which the
melt dropping became as frequent as with the superheated CaO-B2C>3 tests. The tin tests
with a small fall height (< 0.3 m) were performed outside the melt facility by heating up
the SS crucible with a gas flame. The tin tests were performed mostly for comparison,
both with the CaO-B2O3 test series and the past studies found in literature.

The CaO-B2O3 and tin droplets were confirmed to be spherical prior to entry into the
water pool. This could be done, most reliably, by post-test examination when no droplet
deformation was induced. Also the video images showed a spherical form. The CaO-B2O3
droplets were about 5.5 mm and the tin droplets about 5.0 mm in diameter; the variation
was 0.5 mm at most. As an exception to the spherical form, the tin tests with a small fall
height (We < 50; performed in open air) showed an "ice cream cone-type" shape, where
the main body was spherical (diameter of about 4 mm) but the tail was like a cone (total
body length about 10 mm). This could have been due to immediate contact of droplets
with room air and a cooler nozzle.

Table 1 shows properties for the melt materials examined in this study. Corium
properties are given for comparison. Surface tension and viscosity refer to the liquid-phase
values, whereas the respective mushy-zone values will be much higher. Unfortunately, the
surface tension of mushy CaO-B2C>3 melt is not available (as a function of temperature
between the solidus and liquid points), and it therefore had to be indirectly deduced
from experimental observations (see section 4.5). This is not a major drawback for the
understanding of the test results.

Material II Tliq Tsol

II (K)
Tin (Sn)
CaO-B2O3
Corium

505 504
1300 1250
2900 2800

(kJ/kg)
61
590
360

Table 1
ki ka

(W/mK)
30 60
3.0 2.0
10 2.5

Melt properties.

(kg/m»)
7300
2500
8000

Cp,l Cp,a
(J/kgK)

240 240
2050 1530
540 410

E

(")
0.8
0.8
0.8

(N/m)
0.6
0.15
1.0

(Pas) 1
0.002
0.01
0.005

1 CaO-B2O3 mixture refers to the 30-70 wt-% composition.
1 Corium refers to the UO2-ZrC>2 mixture with 80-20 wt-% composition.

3. RESULTS

The results on droplet fragmentation are shown in Figs. 2 and 3. The fragmentation
behaviour is divided into three categories: (1) no fragmentation nor major deformation;
(2) no fragmentation but deformation into a flat pancake-like form; and (3) fragmentation
into small CaO-B2O3 particles or a very thin paper of tin. These regimes are shown as
functions of the water subcooling and the Weber number of the droplet at first contact
with water. The Weber number (We) is estimated based on the observed droplet diameter
(D), the free fall height in gas (hg), and the surface tension of the melt material; liquid
water density is used for the coolant density (pc).

We =
PcU2D

(1)
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Figure 2: Test results with CaO-B2O3; no melt superheat (mushy) or low superheat
(30...70 K).

U2 w 2gh9 (2)

The CaO-B2O3 particles without "major" deformation were almost perfectly spher-
ical. For the mushy points of Fig. 2 (We < 300), the melt surface tension is assumed
to be five times that of the liquid-phase value; as will be discussed in section 4.5. As
a result, the estimated Weber numbers were effectively lower, and in fact, no droplet
fragmentation was observed. Some of the mushy points of Fig. 2 are shown with two
possible characterizations (spherical or flat) because the final particles were of an inter-
mediate, mushroom-type form. Fig. 4 shows the final appearance of mushy melt droplets
(We ~ 100) with different water subcoolings. The particles change from a spherical to
a flat form in the subcooling range 30...70 K. As will be discussed in section 4.4, the
conditions required for the deformation into a flat particle coincide with the minimum
film boiling conditions.

At high Weber numbers (low surface tension; superheated melt) and high subcool-
ings, some of the CaO-B2O3 droplets fragmented into small pieces. Most of the fragments
were not spherical, indicating that the fragmentation could have been caused by ther-
mal stresses; even the above-discussed flat, yet non-fragmented, particles included many
cracks and were therefore quite fragile. By contrast, the superheated melt tests with low
water subcooling produced spherical particles, which is why those points are marked both
with a cross and a circle in Fig. 2. In the sense of sphericality (no deformation), the
superheated droplets behaved similarly to the mushy ones. Fig. 5 compares superheated
melt droplets dropped into highly subcooled or saturated water.

The final particle form appears to be related to film boiling stability. Stable film
boiling leads to spherical particles that cool down relatively slowly. Interestingly enough,
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Figure 3: Test results with molten tin; low melt superheat (< 50 K).

film boiling probably protects the particle from major deformation that could be caused
by direct liquid-liquid contact. Droplets catched by a dry copper plate remained almost
spherical (see Fig. 4), which indicates that the deformation is related to the vigorous
melt-coolant interaction too. In superheated melt tests, the droplet frequency was high
(10...20 1/s) enough to have caused some wake-induced interactions between the droplets.

With tin droplets, the melt never produced only small fragments, but rather a thin
paper-like form that was interpreted as "fragmentation". The results agreed quite well
with the critical Weber number in room-temperature water by Cho and Gunther (1973)
and with the critical water subcooling by Ivins (1967); as referred to in the review of
Corradini et al.7^ (Figs. 17 and 21). As seen in Fig. 3, high subcoolings and Weber
numbers led to fragmentation also at low tin superheats, which was a specific feature
of the present test series. Fig. 6 compares CaO-B2O3 and tin particles in the three
categories.

In the tests with CaO-B2O3 melt droplets, various water subcoolings were used (see
Fig. 2). During the superheated melt tests and towards the end of the mushy melt
tests, the droplet frequency became high enough to form a mixture of falling droplets
in the water pool. Some of the droplets even experienced vapor film collapse while
others were still under film boiling. No energetic interactions were observed, however.
This observation is consistent with the ideas presented in our previous study4) and this
one; i.e., that the mushy melt characteristics may limit energeticness due to the higher
resistance against fragmentation (higher surface tension and viscosity) or spontaneous
nucleation (no liquid-liquid contact).
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Figure 4: Final appearance of mushy, non-fragmented melt droplets after entrance into
a water pool of different subcooling (or caught by a copper plate above the water pool
surface).

4. ANALYSIS

The experimental results are analysed first by estimating the thermal behaviour of melt
droplets prior to entrance into a water pool. Next the fragmentation and deformation
observations are compared with correlations related to critical Weber numbers, different
breakup mechanisms, and minimum film boiling temperature. Finally, the surface tension
of mushy CaO-B2O3 melt is examined based on the observed melt release characteristics.

4.1 Thermal melt droplet behaviour

It is important to confirm that the thermal state of the melt droplet exiting the
heater block did not change significantly before the droplet entered into the water pool.
The applied conduction model is the same as in the previous study4), however now both
radiative and convective heat transfer from the outer surface to the gas space (subscript
g) are accounted for.

(3)

(4)
Qout ~ Qrad + 4'co

(Tout - Tg) (5)

Fig. 7 shows the temperatures of the 101 equally spaced calculational nodes for a CaO-
B2O3 melt droplet of diameter 6 mm and initial superheat 25 K. Fig. 8 shows the
penetration of the liquidus and solidus fronts with different initial superheats. The time
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Figure 5: Comparison of superheated CaO-B2O3 droplets after entrance into 80 K sub-
cooled (left-hand side) or saturated water (right-hand side).

starts from the moment the droplet falls out of the heated section, the outlet of which is
marked with an elevation of -0.25 m. If the melt superheat is higher than TQ — Tuq « 25 K
and the total fall height is less than a meter, the droplet is predicted to be completely in
liquid phase when it meets the water pool surface. The experiments with higher initial
superheats can therefore be treated as liquid-phase tests. With an initially mushy melt
droplet (negative superheat), no major changes occur during the passage through room
air due to the large effective heat capacity (latent heat of fusion). The analysis performed
for a tin droplet of diameter 6 mm, on the other hand, confirmed that a few degrees of
superheat is adequate for the tin droplet to remain completely liquid.

A similar analysis is made also for a 6-mm-diameter corium particle falling through
a gas space of temperature 400 K. It can be seen from Fig. 9 that a melt droplet
of initial superheat 10...200 K would become very mushy during a fall of 1...4 m; it
should be noted that the outer 0.6-mm (1/5-radius) layer contains about half of the
sphere mass. The outer surface of the corium droplet cools down to the liquidus point
in less than 0.1 seconds, while solidification starts somewhat later. These results apply
also to interactions with water, since thermal radiation typically dominates at high melt
temperatures. The fragmentation behaviour of mushy melt droplets is, consequently, of
relevance to corium droplets that interact thermally with the environment (for a fraction
of a second) before being accelerated [see also Okkonen and Sehgal4)].

The above analysis accounts for conduction-limited cooldown and freezing. Should the
melt be partially transparent to radiation, the phase transformation could be even faster;
whereas crystallization (nucleation) limitations might delay the phase transformation.
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4.2 Critical Weber number

and tin particles.

The critical Weber number (We^) for causing droplet fragmentation is approximately
« 412 when the droplet viscosity is low. The viscosity effects are correlated with

the Ohnesorge number (On).

The liquid-phase properties of Table 1 indicate that the viscosity effects can be neglected,
as the common criterion of On < 0.1 is fulfilled. Viscosity measurements made for one
CaO-BjOs sample gave' much higher viscosities than that in Table 1, with a dynamic
viscosity of about 0.3 Pas at 1400 K and increasing with decreasing temperature. Even
with this value, the Ohnesorge number is low enough to neglect it here [see, e.g., Pilch and
Erdman8)]. In effect, the influence of mushy melt properties is interpreted as a surface
tension effect.

Pilch and Erdman8) developed a method to estimate the maximum stable droplet
diameter (Dj>max) after acceleration-induced droplet breakup, where the competing effects
of acceleration and fragmentation have to be accounted for. Their formulae for liquid-
liquid systems can be reduced as shown below.

f,max

D
(7)

(8)
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Figure 7: Thermal behaviour of a 6-mm-diameter CaO-B2O3 droplet after exiting the
heater block; initial superheat 25 K.

The dimensionless breakup time (£*) and the drag coefficient (CD) vary in the ranges
t* « 3...6 and Co « 1.4...5.6, depending on the initial Weber number (We) and Reynolds
number, respectively. By setting tentatively the ratio of maximum final diameter to
initial diameter equal to unity, the maximum potential Weber number (Wecrimax) without
fragmentation can be estimated, as shown below.

cr,max (9)

The value of this parameter is apparently very sensitive to the fragmentation time
and the drag coefficient. Nevertheless, by using the minimum values of the above-given
ranges and assigning water density for coolant density, one obtains WeCr,max w 110 for
CaO-BzOs, 56 for tin, and 54 for corium. These values can be increased by higher
fragmentation times and drag coefficients, however it also should be recalled that the
correlations of Pilch and Erdman8) refer to the maximum stable droplet diameter; frag-
mentation is not ruled out even if it is possible that no major breakup of an individual
droplet occurs. Most importantly for the present application, the mitigating effect of
acceleration (deceleration) on fragmentation is more sigficant with the CaO-B2O3 melt
due to the higher coolant /droplet density ratio. As reviewed by Kolev9), theoretical in-
stability analyses yield the dependency We^ oc (1 + pc/p), which is weaker than that in
Eq. (9).

The results of of Figs. 2 and 3 also indicate that the critical Weber number is higher
for CaO-B2O3 than tin, although considerable uncertainty has to be allowed for the
surface tension assumed for mushy CaO-B2C>3 droplets.
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Figure 8: Freezing front penetration into a 6-mm-diameter CaO-B2O3 droplet after exit-
ing the heater block.

4.3 Breakup mechanisms

Pilch and Erdman8) give the following breakup mechanisms:

• We < 12: vibrational breakup;

• 12 < We < 50: bag breakup;

• 50 < We < 100: bag-and-stamen breakup;

• 100 < We < 350: sheet stripping;

• 350 < We: wave crest stripping followed by catastrophic breakup.

The vibrational breakup produces relatively large, more or less spherical, fragments.
The bag-type breakup mechanisms proceed from major droplet deformation to a structure
of a thin bag and a thicker rim, the former breaking up first. At Weber numbers We >
100, the droplet goes very flat and it is eroded from its sides into small fragments (sheet
stripping). The droplet breaks up into a mixture of smaller and larger particles when the
initial Weber number is We > 350.

The mushy, non-fragmented CaO-B2O3 particles of Fig. 4 are estimated to have
relatively high initial Weber numbers (We ~ 100), as shown in the map of Fig. 2 as
well. From the characterization of Pilch and Erdman8), the droplets could be expected
to first become flat and then undergo fragmentation into small particles. The final stage
of this process is, however, prevented. This indicates that the effective Weber numbers
are lower than assumed or that the vigorous thermal interactions, which are caused by
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Figure 9: Freezing front penetration into a 6-mm-diameter corium droplet during free
fall in a 400 K steam space.

vapor film collapse, can suddenly increase the surface tension. The former reason is more
prudent, since the dimensionless breakup times given in the previous subsection yield
breakup times of the order of ten milliseconds. This is too short a time scale for any
thermally induced phase changes to affect the droplet dynamics.

The effective Weber number can be affected by air entrainment at the water pool
surface. If the forces are not imposed instantly, the "race" between acceleration and
fragmentation may be changed. This effect is most pronounced at low water subcooling,
where film boiling is stable (see the next subsection), while highly subcooled conditions
can involve temporary air "sheeting" until the air bubble separates from the droplet.
The video images showed that the mushy CaO-I^Os droplet is decelerated in a distance
of about 3 cm, and that the air bubble separates approximately at this depth. If the
droplet was superheated and the Weber number was therefore higher, the fragmentation
occurred at the separation depth.

4.4 Minimum film boiling temperature (MFBT)

For interpretation of the FCI modes observed in their melt jet-water interaction exper-
iments, Kondo et al.10^ developed the following correlation for the minimum film boiling
temperature (MFBT) at atmospheric pressure.

= T
8at

101 (10)

This correlation was based on the idea that a certain minimum film thickness has to be
reached before the vapor film is stable. By using a minimum of 0.1 mm and accounting
for conduction only (reasonable for the tests with a maximum jet temperature about 900
K), the above correlation was deduced.
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For the CaO-B2O3 melt temperatures (about 1300 K), Eq. (10) would require a water
subcooling of 68 K. This value agrees with the interpretation of the mushy points of Fig.
2; that is, flat particles are generated when film boiling is unstable. This is not all too
surprising, since the melt jet experiments of Kondo et al.10^ were performed with small jet
diameters (5.7...14 mm) and velocities (2.1...2.7 m/s) that are not substantially different
from the droplet diameters (about 5.5 mm) and fall velocities (4.4 m/s after a fall of 1
m, for example) of the present test series. The film boiling limit can be seen also in the
fragmentation regime of Fig. 2, where highly subcooled conditions lead to more efficient
fragmentation. With tin temperatures (about 550 K), Eq. (10) gives a critical subcooling
of about 10 K, in accordance with the flat regime boundary of Fig. 3.

In the experiments, the collapse of the vapor film led to a fast quenching of the CaO-
B2O3 melt droplet. This could be heard and also seen as disappearance of visible thermal
radiation. Under highly subcooled conditions, the droplet temperature decreased shortly
after the air bubble had separated, whereas low subcooling allowed film boiling to prevail
for several seconds.

4.5 On mushy-zone surface tension

The surface tension assumed for mushy CaO-I^Os droplets is justified as follows. Let
us first assume that the melt is released from a vessel of inner radius R and that the
release occurs through an orifice of radius Rh. By equalizing the hydraulic head of the
melt pool and the excess pressure inside a melt droplet of the size of the orifice, the
following relationship is obtained.

mg 2cr

Table 2 shows the critical melt masses (m) and heights (h), of which the height is
specific to the material (density). The estimated values are approximate yet in good
agreement with experimental observations. For liquid CaO-B2C>3, Table 2 requires that
the melt mass be more than 20 g and height more than 6 mm. This is close to the
observed fact that no melt release occurred with 30 g of superheated melt (if the hole was
not disturbed by a wire), whereas a melt mass of 60 g led to release after removal of the
plug. At the end of the superheated tests, about 10 g of melt was found in the crucible,
which is below the limit of Table 2 yet reasonable as the nozzle could have become filled
with melt. In tests without the plug, the melt release began after the temperature had
exceeded the solidus point by 5...20 K. Assuming that the nozzle was full of melt in these
cases and that the nozzle outlet controlled the release, the melt mass of 50 g gives a melt
height of about 37 mm, which is above the mushy zone limit of Table 2 (i.e., enough to
initiate melt release). In these open-nozzle tests, the melt release ceased after less than
a quarter of the mass had flown out, and resumed when the liquidus point had been
reached. Although the assumed mushy-zone surface tension is not accurate, it represents
the observed fact that the surface tension is higher for the mushy than for the liquid
phase.
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Table 2: Approximate melt masses and heights required for droplet release.

Material

Liquid CaO-B2O3

Mushy CaO-B2O3

Dimensions: Rh =

a
(Nm/s)

0.15
0.75

2 mm; R =

m
(g)
21
110

h
(mm)

6.1
31

= 21 mm

5. CONCLUSIONS

The first result of the experiments with CaO-BaOs and tin droplets dropped into a water
pool is that the fragmentation behaviour can be significantly changed when the droplet is
mushy and the surface tension is therefore higher. Most importantly, the change may be
large enough that no fragmentation occurs; and the initially spherical droplet therefore
only experiences deformation or no deformation at all.

The second result is that gas entrainment and film boiling can similarly affect the
fragmentation or deformation process. If the droplet enters the coolant liquid phase
from a gas or coolant vapor phase, the acceleration-induced deformation process can be
mitigated. After the gas bubble separates from the melt droplet, temporary or stable film
boiling can decrease the effective Weber number. The critical water subcoolings observed
for deformation of CaO-B2O3 and tin droplets agreed with the minimum film boiling
temperatures given by the correlation of Kondo et al.10\ as based on the experimental
conditions leading to a fast melt jet breakup. In this respect, the melt droplets behaved
similarly to a melt jet.

The above results are both relevant to corium droplets that fall into a water pool or
enter the coolant liquid phase from the coolant vapor phase (through a vapor film or a
more voided region). The phase transformation from a superheated corium droplet to a
mushy one can be a particularly fast process and the high melt temperature makes film
boiling very stable even in highly subcooled water. Together, these factors make cormm
droplets unique in comparison to other typical melt materials.
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NOMENCLATURE

cp

cD
D
9
h

k
kB
m
On
Pr

q"
R
Re
t
T
U
We

Greek
a
Ahfus
e
u

P
a

Specific heat capacity (J/kgK)
Drag coefficient (-)
Particle diameter (m)
Acceleration due to gravity (m/s2)
Heat transfer coefficient (W/m2K) or
Height (m)
Thermal conductivity (W/mK)
Stefan-Boltzmann constant (W/m2K4)
Mass (kg)
Ohnesorge number (-)
Prandtl number (-)
Heat flux (W/m2)
Radius (m)
Reynolds number (-)
Time (s)
Temperature (K)
Velocity (m/s)
Weber number (-)

Thermal diffusivity (m2/s)
Heat of fusion (3/kg)
Emissivity (-)
Dynamic viscosity (Pa-s)
Density (kg/m3)
Surface tension (N/m)

Subscripts
c
cr
conv
f
9
liq
max
rad
sat
sub
sol
out

Coolant
Critical
Convection
Final
Gas
Liquidus point
Maximum
Radiative
Saturation
Subcooling
Solidus point
Outer surface

Superscripts
* Dimensionless variable
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Abstract

This work aims at developing a method for multidimensional analysis of multiphase
mixing associated with fragmentation of a corium jet in a water pool during the course
of a hypothetical severe (core melt-down) accident in a LWR. Melt or debris move-
ments are simulated by a particle transport model in a Lagrangian formulation, while
thermohydraulic conditions of the surrounding medium are obtained from solution of
the Navier-Stokes and energy-conservation equations written in an Eulerian formulation.
The Lagrangian and the Eulerian solutions are coupled and advanced in time, with source
terms included to model the interactions between the particle and the continuum phases.
This paper examines hydrodynamic aspects of the modeling method. The validation of
the method against isothermal solid-sphere BILLEAU and QUEOS experiments is pre-
sented. Computational aspects and aspects of further model development, validation and
application are discussed.

1 Motivation and background

During the last 10-15 years, much research has been performed, including both experi-
mental and numerical investigations, to study the interaction of molten fuel with water.
Fuel-coolant interactions (FCIs) may occur during the course of a severe accident in a
light water reactor. The nature of FCIs can range from benign film boiling to explosive
interactions. Four distinct phases are thought to occur during an explosive FCI: coarse-
mixing, triggering, propagation (or fine fragmentation), and expansion phases; see e.g.
Theofanous (1995) [1]. Although remarkable progress in the description of the pre-mixing
and expansion phases of the steam explosion has been achieved in recent years, the initial
phase of the FCI process has not been well understood yet. These are the jet break up,
droplet formation and subsequent fragmentation. Several large-scale experimental pro-
grams and analyses efforts are underway to determine physical mechanisms associated
with FCIs and to provide models and methods, which could be used to predict the conse-
quences of FCIs in reactor accident situations (see e.g. Theofanous, 1995 [1]; Berthoud,
1995 [2] and Magallon et al., 1995 [3] for review of the current experiments and analyses
of FCIs).

184



The FCI process involves mixing of fuel and coolant with production of steam. Mul-
tidimensional mixing of melt or debris phase in steam-water medium is modeled by
multi-fluid Eulerian approaches in a number of computer codes, such as PM-ALPHA,
CHYMES, MC3D, IVA and others. It is instructive to note that the Eulerian modeling
of the "melt" phase, employed in these codes, may suffer from excessive numerical dif-
fusion and good accuracy may be obtained only in the FCI situations where the "melt"
phase fraction is sufficiently small {am < 0.4); see e.g. Fletcher and Witt (1996) [4].
Such drawbacks are associated with low-order discretization schemes, while high-order
schemes tend to cause numerical oscillations.

Several other computer codes, such as TEXAS, COMETA, THIRMAL, are based
on Lagrangian modeling of the "melt" phase. They, however, are restricted to one-
dimensional or quasi-two-dimensional formulations, with a limited number of "melt"
balls or particles used to simulate the melt phase behavior. None of these codes were
validated against mixing pattern observed in isothermal or non-isothermal experiments,
where solid spheres were used to represent the "melt-jet" phase.

-ds^a^mt

Figure 1: Experimental observation of jet fragmentation without boiling. KTH/NPS
experiment. Cerrobend jet (Dj = 25mm, Uj ~ 4m/s, 10(fC) into water (10CPC).

The present study aims at developing an analysis method to support an experimen-
tal program on melt-water interactions underway at the Royal Institute of Technology
(Stockholm). The focus of the RIT program is placed on the phenomena, which occur
during the initial phase of FCI process, namely, jet break-up and droplet fragmenta-
tion. Scoping, low- and intermediate-temperature experiments, employing simulant melt
materials, such as Cerrobend (a type of Wood's metal) and oxidic melt mixtures, were
performed, in which these materials were dropped into water. It was found from the ex-
perimental observations in isothermal tests, that the penetration and mixing of the melt
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phase in the coolant is governed by the large-scale momentum exchange between the melt
phase and ambient fluid, rather than small-scale surface instability phenomena. Also, un-
der sufficiently high Weber number conditions (say, Wej > 104), the melt jet tends to
disintegrate and transform itself into a cloud of melt particles; see fig.l. In such a case,
a multidimensional Lagrangian modeling of the melt phase is appealing to describe the
multiphase mixing in the initial phase of FCIs. In fact, the modeling method presented
below is motivated by this observation, as well as the data from other experiments, in
which the jet fragmentation phenomena are modeled by a jet of solid spheres.

Thus, this paper presents development of a new modeling method in which the La-
grangian description of multidimensional transport of (melt) particles is coupled with
a multidimensional formulation of the continuum medium dynamics. Validation and
analysis of the method developed are performed with respect to the multiphase mixing
associated with the initial phase of FCIs.

2 Mathematical and physical models

2.1 Modeling concept

Hydrodynamics:

Melt/Debris
Lagrangian approach

3D Particle Transport Model

PRESENT

DEVELOPMENT

Heat Transfer

Panels cootngfeoWefffion

Heal transfer comlatfon

Drop fragmentation

FUTURE

DEVELOPMENT

Figure 2: Outline of the modeling concept.

The modeling concept includes a particle transport model (Lagrangian formulation) and
a model for determining the thermal hydraulic conditions of the ambient fluid (coolant
media). Exchanges of momentum and energy between the melt phase and coolant phase
are introduced by means of source terms, respectively, in the Navier-Stokes equations
and in the energy conservation equations of the coolant phase. A general scheme of the
modeling method is shown in Fig.2. In this paper, however, only hydrodynamic aspects
are to be discussed in detail.
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2.2 Particle transport model

Equations and forces

The following set of equations is used to calculate the trajectory of particles. The
change in the &*fc-particle's momentum is described by Newton's second law:

m

where

The major force acting on the particle is the drag exerted on the particle:

*D = !*«8** ' Ch • |U. - U*| • (U. - U*) (3)

where the drag coefficient for a single particle is defined as (Nigmatulin, 1991, [9])

24 fi
C + + M ( 4 )

$ is a coefficient which takes into account the presence of neighboring particles. The
other forces are the gravitational force:

Fj = g • (P
k - pa) • V

k (5)

the pressure gradient force:

IF*. = IK47P (6)

the added mass force:

and the Magnus (rotational) force, given as:

F i = ^ . , . [ O * x ( U * - U a ) ] (8)

where the angular velocity J2 is calculated as fl* = V x (Uo/2).

In order to close the above set of equations and correlations, it is necessary to provide
physical properties and parameters of the ambient fluid (such as velocity, density, volume
fraction, etc.), $, at the location of the fct/l-particle. The present method employs a
weighting scheme, which determines $ by interpolation of the values from eight Eulerian
computational nodes, whose locations are next to the A^-particle.
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Representative particles and nodalization

The above equations and correlations, coupled with the solution of the Navier-Stokes
equations of the ambient continuum phase (velocity field), enable a direct simulation of
a cloud of particles in situations, where particles are distinct and countable. Practical
situations, however, involve a large numbers of particles, all of which cannot be modeled
due to computer memory and time limitations. In this study, a new computational scheme
is proposed to model the situations with large number of melt particles by means of a
limited number of "representative" particles. We define 7 as a ratio of "representative"
particles number and the total number of particles.

In {-'representative* L
^ particle ""

•' /"accompaniment*
of the Hn-group

volume fraction of
particle phase in a - node of

Euleiian computational grid:

•l-cloud1

Figure 3: Nodalization concept for the Lagrangian particle tracking method.

The "representative" particles are specified in the jet prior to its entering into the
coolant pool. These particles form a three-dimensional matrix, with regular distances
(As, Ay and Az) between the two neighbours in each direction (x, y and z). In such a
case, a "representative" it/l-particle is traced simultaneously with its six other neighbour
(in, is, iw, ie, if, ib) "representative" particles (four of them are shown on fig.3). The
other particles, which are not directly traced, are distributed between the neighbour-
ing "representative" particles, for example between i- and ^-particles. Hereafter, the
intermediate particles (between i- and in-particles) are indexed as "accompaniment" of
the i — in-group (analogically, i — is-, i — iw- etc. groups). Each intermediate particle
has a ratio of its distance to the key i- and in-particles. This distance-ratio is assumed
unchanged during the mixing process. The location and momentum of a specific accom-
panying particle of the i — in-group can then be determined by the interpolation between
the i- and in-particles. Currently, a linear interpolation scheme is employed.

Volume fraction of the "particle phase" is determined as a ratio of the total vol-
ume of all particles ("representative" and "accompaniment"), contained in a particular
(Eulerian) computational a—node, to the volume of this computational node, fig.3.

Particle-particle interactions

An elastic model of particle-particle interaction is introduced in order to take into
account possible interactions of particles, particularly in case of fine Lagrangian "nodal-
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ization". Change in velocities of interacting ith- and kth-particles is determined as:

U ' - U * ; ; " '
AU* = 2-

I TO*

= - ™ AU* (xo)

These equations allow to re-direct the velocity of those particles, whose distance, after
each calculation time step, is smaller than A = |(dt- +

2.3 Dynamics of continuum phase

In order to determine the flow characteristics of the ambient continuum medium, a lam-
inar flow model is employed. The continuity and momentum conservation equations are
modified in order to take into account the presence of the particle phase and its effect.
Omitting the subscript "a" of the ambient fluid, the equations are written as follows.
Continuity equation:

= Sce (11)
ISO

Momentum equations:

where

where rj is either [x], [y] or [z], and Fpart is a force representing the momentum exchange
between the continuum phase and particles (including drag and rotational forces).

A zero-velocity field is used as the initial condition, since the ambient fluid (of a
water tank or slice) is typically at rest prior to the penetration of particles into it. No-
slip boundary conditions and constant pressure boundary conditions are applied to the
walls and upper (free) surface of the water tank computational domain.

The CFX-F3D code (1995) [5] is employed to solve the Navier-Stokes equations. The
SIMPLEC velocity-pressure coupling algorithm is used. The second-order (Van Leer)
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SIMULATION EXPERIMENT

Figure 4: Comparison of the simulation and experiment. BILLEAU FPA97. Stainless
steel particles. 7 = 1:3 . dv = 9.52mm.

scheme and backward difference scheme are used for spatial discretization and time ad-
vancement, respectively. The model of particle transport, described above, is imple-
mented into the CFX-F3D code by means of the code user routines. In this work, the
computational meshes 40 x 40 and 40 x 35 x 35 are used for 2D and 3D simulations, re-
spectively. The time steps, used in calculations, are varied from 2 ms to 8 ms, depending
on the resolution of particle-phase representation.

3 Validation and analysis

In this section, parametric investigation of the modeling method in performed, by com-
paring the calculated results to experimental observations. Isothermal experiments from
the BILLEAU experimental program (Berthoud et al, 1996 [6]) and the QUEOS experi-
mental program (Meyer, 1996 [7]) are used.

3.1 Two-dimensional simulation. BILLEAU experiment

In the BILLEAU experiments, multiphase mixing was investigated in a 2D slice-geometry
water vessel, with transparent side walls, which enable visualization of the mixing pattern.
The "jet" is simulated in the BILLEAU program by solid spheres of different materials
(and, hence, of different densities). Single-row plane "jet", with controlled inlet velocity,
was poured into the water pool. Solid-sphere distributions were captured at different time
moments. Typical pictures are shown in figs.4-5 for two selected isothermal experimental
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SIMULATION EXPERIMENT

Figure 5: Compaxison of the simulation and experiment. BILLEAU FPD98 experiment.
Dural particles. 7 = 1:7. dp = 9.52mm.

runs (FPA97 and FPD98), in which the sphere and the water temperatures were kept the
same. Stainless steel and dural spheres were employed in the FPA97 and FPD98 tests,
respectively.

Two-dimensional formulation is employed in the simulation of the slice-geometry BIL-
LEAU experiments. Nevertheless, it was found that, since the thickness of the slice-type
water box Ss was small, the effect of the front and back slice walls on the flow behavior
must be accounted for. Thus, effective friction terms were added into eq.(12) for i) — [a;]
and r\ — [y] directions:

(15)

where the friction coefficient £ is determined by the Blasius correlation [8].

As seen in figs.4-5, an excellent agreement between the calculated results and ex-
perimental data on the "jet" penetration depth and the particle distribution pattern is
achieved.

3.2 Nodalization

Fig.6 shows the numerical results (distribution of the "representative" particles) obtained
with different degrees of "nodalization" in the Lagrangian particle transport model. As
seen, the general trends are quite the same, although some differences are observed on the
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Figure 6: Simulation of the BILLEAU FPA97 experiment Effect of "nodalization" of
the Lagrangian particle field on the particle distributions, a) 7 = 1 : 3; b) 7 = 1 : 5; c)
7 = 1:7.

leading edge of the mushroom wing. In fact, the use of "representative" particle concept
causes certain loss of information in the regions, where the particle volume fractions are
small. However, it is not recommended to use very fine "nodalization" scheme, which
would also require small time step for tracing particles and cause errors associated with
simplifications in particle-particle interaction modeling.

3.3 Drag coefficient

Effect of drag force on the particle behavior was examined for different formulations
of \?, which accounts for the influence of the presence of neighboring particles on the
actual drag between the ambient fluid and a moving particle. Three formulations of $
(Nigmatulin, 1991 [9]) were examined against the BILLEAU experimental observations.

15 25

15 25
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These are eq.(16), obtained for periodic (or regular) particle arrangement

and eqs.(17)-(18) obtained for random arrangement

* = (1 - <fp)-
2-7 (18)

These equations are valid for <pp < 0.1. For higher volume fractions, *& are constant
and determined as \P = #(<ft> = 0.1). The higher the \P is, the larger is the drag force, and,
hence, the less deep the "jet" of particles penetrates into the water pool. It was found,
that the best comparison between the simulation results and experimental observations
was achieved when with eq.(17). In fact, this equation was derived for the random packing
of particles in Stokes flow.

3.4 Three-dimensional simulation. QUEOS experiments

In order to examine the capability of the modeling method developed, three-dimensional
simulations were also performed for isothermal solid-sphere mixing tests. Particularly,
tests from the QUEOS experimental program [7] were analyzed in this study. The QUEOS
experimental facility is three-dimensional, in which ZrO2 particles were poured into a
water pool. Typically, the particles of 4-10 mm in diameter are poured down from the
height of about 1.5m above the water surface, so that they entered the water pool with
impact velocity of about 5 m/s.

Fig. 7 depicts the experimental observations of the particle distribution at two selected
times during the QUEOS experimental run Q06. Unfortunately, the picture, as seen,
is essentially two-dimensional and can only provide qualitative information about the
particle penetration and distribution. Moreover, the experimental uncertainties in the
determining the particle impact conditions and the absence of accurate timing information
make direct comparison between calculated results and experiments difficult. Therefore,
only qualitative validation is presented here.

As seen from the pictures, a reasonably good comparison was achieved. More inter-
estingly, the calculated results revealed the mushroom-like distribution of the particle
phase, with a thin round "wing" in the peripheral zone. In addition, a slightly asymmet-
ric behavior resulted from three-dimensional flows, which are affected by the boundary
conditions (of water box walls).

Another important phenomenon, which may affect the simulation results, is gas en-
trainment, which was observed in the experiments. In fact, the particle drag force and
the continuum velocity field are influenced by the gas behavior. While the calculated
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EXPERIMENT SIMULATION

Figure 7: Comparison of the simulation and experiment. QUEOS-06 experiment.
particles. 2340 spheres. 800 spheres traced. dp = 10mm.

results show downward flows induced by the particle momentum, rising of gas bubbles
may cause upward flows in the region behind the particles. Thus, the modeling of the
gas entrainment would be needed for accurate predictions of the experimentally-observed
behavior of the solid spheres in isothermal experiments. It is believed, however, that this
phenomenon causes only a minor effect in non-isothermal high-temperature FCIs, where
violent boiling (steam generation) dominates the physical picture.

The three-dimensional Eulerian computational mesh includes 50000 nodes. While
the total number of particles was 2340, only 800 representative particles were traced.
Computation was performed on Hewlet-Packard workstation HP-700 in 2 CPU hours.

4 Summary

A method for multidimensional simulation of multiphase mixing in FCIs was developed.
The method is based on a particle transport model for the discrete phase (Lagrangian
formulation) and on solving the Navier-Stokes equations for the continuum medium.

In this paper, modeling of the purely hydrodynamic aspects of multiphase mixing were
examined. Validation of the component physical models and numerical methods, used
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in the method developed, was performed by comparing with the isothermal tests from
the experimental programs BILLEAU and QUEOS. Satisfactory agreement between the
calculated results and experimental observations of solid-sphere phase distribution was
obtained.

It was found that the method is computationally robust, inexpensive and does not
encounter problems of excessive numerical diffusion and oscillations, which usually result
from the Eulerian representation of the melt phase.

Further development of the present simulation method is associated with represen-
tation of the gas entrainment (observed in the experiments) and boiling processes. A
so-called local-homogeneous-slip model will be employed to model the dynamics of the
steam-water medium [10]. This work is underway at RIT. Validation of the method
against non-isothermal (high-temperature) experiments will follow latter.

Nomenclat ur e

Arabic
cD
d
F
F
g
m
P
r
Re
S
t
U
V

Drag coefficient
Diameter of particles, m
Force, N
Force per volume unit, N/m3

Gravitational acceleration, m/s2

Mass of particles, kg
Pressure, Pa
Radius-vector of particles, m
Reynolds number, pU • d/n
Source terms for conservation equations
Time, s
Velocity, (U,V,W), m/s
Volume (of particle or comp. node), m3

(a;, y, z) Coordinates, m
Greek
7

P

$
$

Ratio of "representative" to total numbers
of particles
Dynamic viscosity, Pa-s
Density, kg/m3

Particle volume fraction
General scalar, eq.(9)
See eq.(3) and eqs.(16)-(18)

Subscripts/Superscripts
a
ce
me
p, part

Ambient
Continuity equation
Momentum equations

; Particle
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NUMERICAL INVESTIGATION OF SURFACE
PHENOMENA USING THE FRONT-CAPTURING

LEVEL SET METHOD

V.A. Bui, T.N. Dinh, and B.R. Sehgal
Division of Nuclear Power Safety, Royal Institute of Technology

10044 Stockholm, Sweden.

ABSTRACT. Surface phenomena associated with Rayleigh-Taylor and Kelvin-Helmholtz
instabilities at a liquid-liquid interface are numerically investigated using an advanced
front-capturing algorithm, called the Level Set Method. Using this method, interfacial
evolutions can be accurately tracked with a minimum of numerical diffusion. Moreover,
the method provides a natural way to account for interfacial effects, such as surface
tension and curvature. The Level Set algorithm was implemented into a high-order
Navier-Stokes solver and applied to investigate the deformation and breakup of jets and
bubbles/drops in a flow field and the growth of instability waves at the interface under
shear stresses. A numerical sensitivity analysis was performed, which identifies the effects
of physical parameters and flow field conditions on the surface phenomena. Insight into
the complex nature of phasic interfaces was gained through use of the Level Set Method.

1 .INTRODUCTION

The relative motion of two immiscible fluids is one of the well-known multiphase problems,
and is of interest for industrial and environmental applications. Behavior of the phase
interface in such problems has been the objective of extensive investigation by many
researchers. For a long time, analytical methods (linear, non-linear, asymptotic analyses)
have been the powerful tools, which help to investigate the physics, which governs the
phase interface behavior. The analytical methods are, however, not general and employ
a great deal of assumptions and simplifications in each particular case. This limits the
applicability of the analytical methods to many practical situations, involving complex
(non-linear) interface structure.
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As scientific computing power has greatly advanced in recent years, simulation methods
addressing multiphase flows, in general, and interfacial problems, in particular, have been
developed. However, accurate simulation of multiphase flows with complex and sharp
interfaces presents a problem of considerable difficulty, which has challenged developers
and users of numerical methods since the beginning of large-scale computational activity.
If the numerical method is of a low order, excessive numerical diffusion may quickly
destroy the sharpness of the interface, whereas a higher order scheme may cause numerical
oscillations around the front thus leading to unphysical solutions. Recently, a number of
approaches have been developed, which capture sharp fronts and interfaces as described
in the following paragraphs.

In the front-capturing ('Eulerian' approach), the concept is to employ a finite volume
discretization of the whole Eulerian computational domain, while modifying the numerical
approximation to minimize numerical diffusion. These methods generally serve well for
shocks but not for contact discontinuities (interfaces). Furthermore, relatively fine grids
are necessary, thus limiting most unsteady flow simulations to two dimensions.

An alternative to front-capturing is a direct-tracking approach, where additional compu-
tational elements are explicitly introduced to track the front. This approach is known
as a 'Lagrangian' approach, when the equations of motion are transformed to equations
for the interface itself. In general, this considerably decreases the amount of resolution
necessary to provide front sharpness, and eliminates numerical diffusion altogether. How-
ever, tracking is best suited for well-defined fronts that are easily indentified by the initial
conditions.

The hybrid 'Eulerian-Lagrangian' methods have also been employed, which can be divided
into volume-tracking and front-tracking. The volume-tracking methods are relatively
simple and they are different on the way of recontructuring the interface from the volume
information, which usually makes the coding complex and may lead to incorrect results.
Moreover, the volume-tracking methods (like marker-and-cell (MAC), volume-of-fhiid
(VOF)) can not easily handle complex surface topologies. The front-tracking methods
use a combination of a stationary grid, on which the Navier-Stokes equations are solved,
and an additional moving interface grid to explicitly tracks the interface. The major
drawback of this front-tracking is its complexity. It is generally necessary to restructure
the interface grid dynamically as the calculations proceed. The major advantage of this
approach is its accuracy and very limited numerical diffusion at the interface.

Recently, motivated by the advantages of the volume-tracking methods, the level set
technique for tracking the moving interface was formulated by Osher and Sethian [1]. In
this formulation, the boundary of a two-fluid interface is modeled as the zero level-set of a
smooth function <j) defined on the entire physical domain. The boundary is then updated
by solving a nonlinear equation of the Hamilton-Jacobi type over the whole domain.
This level set formulation of the moving interface was capable of computing geometric
properties of highly complicated boundaries without explicitly tracking the interface.
Hence, the moving boundary can develop corners, cusps, and undergo topological changes
quite naturally. Moreover, the level set formulation can easily be generalized to three-
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dimensions. It eliminates the problem of grid surgery needed for the direct front-tracking
approach. One of the difficulties, which is present in this technique as well as in the
other volume-tracking approaches, is how to keep the interface thickness finite and to
preserve the mass conservation. This problem can be overcome by using re-initialization
techniques.

In this work the level set method is adopted to numerically model interfacial phenomena.
The advantages as well as the drawbacks of this approach will be analyzed and discussed.

3. THE MODELING APPROACH

Dynamics of a two-phase medium with interface are described by the Navier-Stokes equa-
tions, written in the fixed Eulerian coordinate system:

ut + (u • V)u = F + - [-Vp + V • (tiD) + aK6(d)n], (1)

V-u = 0; (2)

where u = (u, v, w) is the fluid velocity, p = p(x,£) is the fluid density, fj, = fj,(x, t) is the
fluid viscosity, D is the viscous stress tensor, and F is the body force. The last term in
Eq. 1 is the surface tension term, which is concentrated on the interface. We denote a
as the surface tension, K as the curvature of the front, d as the normal distance to the
front, 6 as the Dirac delta function, and n as the unit outward normal vector at the front.
Note that, in the previous formulations, only one system of the Navier-Stokes equations
is derived to describe the two-phase medium. Therefore, the local properties in these
equations should be modified to present the spatial distribution of phases.

3.1. Description of the Level-Set algorithm

Since the local properties p and \x change sharply at the interface, conventional finite
difference schemes will incur excessive numerical diffusion when solving the equations,
and thus transforming the property distribution in time. Instead, we shall use the level
set technique to capture the interface. The main idea of the level set methodology is to
embed the propagating interface as the zero level set of a higher dimensional function ^.
The level function (j> is initialized as a signed distance function, i.e.

0(x,t = O) = ±d, (3)

where d is the distance from x to interface, and the plus (minus) sign is chosen if the
point x is outside (inside) the region bounded by the initial interface.

If the interface propagates normal to itself with speed F, then motion of the interface
can be described by a Hamilton-Jacobi type equation [1][2]

<j>t - F\V4>\ + (u • V)<£ = 0. (4)
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This equation will move the zero level of <f> on the Eulerian grid exactly as the actual
interface moves. Since <j> is a smooth function, unlike p or /i, the above equation is easily
solved numerically.

Special care must be taken when solving the Navier-Stokes equations at the interface
(<t> = 0), where the physical properties change sharply, and when computing the delta
function which appears in the momentum and energy equation. In order to smooth the
changes at the interface and to eliminate the numerical oscillations, the properties are
computed using a regularization Heaviside function, H, as follows:

pe(x) = Pl + {p2-pi)He((j)(x)), (5)
)), (6)

where H is defined as

if d < e,
He(d) = { (d + e)/(2e) + sin(ird/€)/(2ir) if \d\ < e, (7)

[
and e is the regularization parameter.

Correspondingly, we define the regularized delta function 5e as [3]

if |rf| < e,
(8)

otherwise.

The resulted surface tension force is, therefore, represented by the following smoothing
formulation

( ^ J (9)

Using the level function, intrinsic geometric properties of the interface can be determined
as follows:
Normal vector:

Interfacial curvature:

(11)

The Eulerian level set formulation retains the major advantage of the volume-tracking
method, i.e. complex topology changes of the interface (breaks, merges, and sharp cor-
ners) can be easily handled numerically. Moreover, the formulation is general for two-
and three-dimensional problems.
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3.2. Problem of mass conservation

As noted in [4], the numerical discretization of the level set formulation does not preserve
the total mass in time. Therefore, simulation of a long transient problem may cause some
types of mass losses. In order to overcome this problem, a re-initialization procedure was
proposed [3] [4].

In [3], au iterative procedure was proposed to re-initialize the level set function at
each time step, which helps to keep the re-initialized level set function as a distance
function from the front. This re-initialization procedure can somehow help to conserve
the mass during transient simulation. Essentially, the re-initialization procedure is based
on obtaining the steady-state solution of the following partial differential equation at each
time step:

= Sfo) (1 - |V0|), (12)
= <£o (x);

where S is the sign function. Given initial level set function, <J>Q, at time t, the new
value of <f> is obtained after the initialization procedure, which satisfies the condition
|V0| = 1. This indicates that the new level set function is a distance function away from
the interface. In order to eliminate numerical oscillations, the following sign function was
proposed [3]

/fin

(13)

where e is a constant.

Another re-initialization procedure was also proposed in [4], directly aimed at preserv-
ing the total mass in time. It is motivated by the observation that numerical diffu-
sion introduces a normal motion proportional to the interface's local curvature. The
re-initialization procedure involves solving the following perturbed Hamilton-Jacobi equa-
tion to a steady-state

+ (A(t) - Ao)(-P + K) |W| = 0 (14)

where AQ denotes the total mass for the initial condition at t = 0 and A(t) denotes the
total mass corresponding to the level set function <p(t) in the re-initialization process. P
is a positive constant, which helps to stabilize the numerical procedure.

The above perturbed Hamilton-Jacobi equation may appear ill-posed. But, as shown in
[4], when this equation is solved together with the governing level set equation and with
introduces numerical viscosity introduced in, the combined fractional step method was
found generally stable.
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3.3. Navier-Stokes solver

In order to solve the system of Navier-Stokes equations a finite-difference, high-order nu-
merical scheme is employed, which mitigates numerical diffusion. In most finite-difference
methods the accuracy is increased by increasing the number of discretization points used
in the approximation of derivatives. This leads to an extension of the stencil which is often
undesirable (loss of the tridiagonal nature of the matrices, difficulties near a boundary,
etc.). In this work, another method, named the Cubic-Interpolated Pseudoparticle (CIP)
Method, is applied to solve the Navier-Stokes equations with high accuracy. This method
has been developed by Yabe et al.[5] and has been successfully applied to solve the sys-
tem of Navier-Stokes equations for both compressible and incompressible fluid flows [6].
In general, the CIP method solves general convective-diffusion differential equations by
dividing them into non-advection and advection phases. These are symbolically written
as

di

where f is the computed variables and g is the right-hand side of the Navier-Stokes
equations, which includes the diffusion and source terms. The non-advection phase can
be solved by finite difference or finite volume methods. Then, a cubic-interpolated profile
of the intermediate solution is shifted in space according to Eq.16. In determining this
profile, f and its spatial derivatives are used as independent variables. In each time step,
not only the values but also their spatial derivatives are updated. As a result, significantly
large computational memory is needed in CIP method, compared to the other methods.

4. NUMERICAL SIMULATION OF SURFACE PHENOMENA

4.1. Surface instabilities, associated with jet progression

There are several instability mechanisms, which cause the fragmentation of a jet. At
the head of the jet, penetration is resisted by the stagnation pressure arising from the
ambient fluid, which has to be displaced. Due to the deceleration of the jet head, jet
material spreads sidewards. Such a deformation of the jet head is termed Rayleigh-Taylor
instability. Away from the jet head, Kelvin-Helmholtz instability, which is associated
with shear stresses between the jet fluid and the ambient fluid, may occur on the body
of the jet. Such type of instability leads first to oscillations of the jet surface (or the jet
column in case of narrow jets). Later, these surface oscillations or waves may develop
and cause the break-up of the jet. For both types of instabilities, surface tension and
viscosity may have a stabilizing effect on the development of the short-wave instabilities,
but perturbations with wavelengths of the same order of the jet diameter are likely to
be unstable. These unstable perturbations mainly contribute to break-up of the head
structure.
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Deformation of the jet head and body due to various instability mechanisms is numerically
investigated in this work using the above-described modeling approach and numerical
procedures. In this work, we analyze the hydrodynamics, associated with the penetration
of heavy molten metallic jets into water pools (pa = 1000 kg/m3). The viscosity of the
melt phase is chosen as \im = 1.6-10~3 Pa.s, which is that of the Cerrobend alloy, although
it was later discussed that the melt-phase viscosity has only a minor influence on the jet
behavior. Cerrobend is an alloy, whose melting temperature is about 70°C.

Figure 1: Simulation of jet progression using CIP, t = 0.1 s. (jet properties: pm

kg/m3, fj,m = 1.6 • 10~3 Pa.s, no surface tension).
= 9000

Figure 2: The simulation results for FPD-98 conditions, t = 0.2 s and 0.4 s. (melt
properties: pm = 2710 kg/m3, £im = 1.6 • 10~3 Pa.s, a = 0.4 N/m).

Figure 1 presents the calculated shape of a Cerrobend jet (D — 2 cm, pm = 9000 kg/m?) in
water. The calculation was performed using the CIP Navier-Stokes solver, without front
tracking. As can be seen from the figure, due to the high accuracy of the CIP method,
there is only little diffusion of the front. The diffusion is highest in the recirculating
region behind the jet head. The computational results indicate that the Navier-Stokes
solver, alone, is capable of providing a realistic picture of the deformation of the jet due
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to the development of the instability waves at the leading edge and on the body of the
jet. >• :: t

Further, jet progression is simulated using CIP and level-set front capturing algorithm.
Calculation is performed for two jet densities pm = 2710 kg/m3 and pm — 7810 kg/m3,
and with and without taking into account the effect of surface tension forces. The compu-
tational domain is 0.6x0.9 m and the jet diameter is equal to 0.1m. A pressure boundary
condition is employed for the upper and lower boundaries, while a non-slip condition
is assigned for the side boundaries. Inlet jet velocities are determined, as measured, in
isothermal tests FPD98 and FPA97 of the BILLEAU experimental program [7]. The cal-
culated results are presented in Figs.2-4. In these calculations, a sharp jet-water interface
was obtained by using the level set algorithm.

The computational results show that a higher-density jet progresses faster than a lower-
density jet. The 'mushroom' structure at the jet leading edge due to Rayleigh-Taylor
instability and the wavy interface on the jet body due to Kelvin-Helmholtz instability
were predicted. While the surface tension does have an effect on the development of the
Kelvin-Helmholtz instability waves on the jet body, it does not significantly affect the jet
progression.

4.2. Kelvin-Helmholtz instability on an interface

Surface instabilities, resulting from shear at the interface, takes place in a variety of flows
appearing in technical processes as well as in nature. The surface phenomena related to
shear instability and waves are usually associated with the Kelvin-Helmholtz instability,
which results primarily from the Bernoulli effect, i.e. the decrease in the pressure over
the wave crest due to the velocity acceleration. This destabilizing effect acts against the
stabilizing effect of surface tension and gravity forces.

In the present work, the development of two-dimensional Kelvin-Helmholtz instability
waves on a flat surface, separating two thick fluid layers, is investigated. The initial
perturbations are initialized as sinusoidal waves of different wave lengths and amplitudes.
The flow field in each fluid layer is initially set to a constant and unidirectional velocity.
The field viscosities and surface tension are varied in order to examine their effects.

Figures 5-8 show the evolution of an initially sinusoidal wave and the effects of grid,
viscosity, and surface tension on its development. As can be seen from the figures, de-
velopment of the instability wave is generally nonlinear due to the appearance of the
roll wave around the interface. Under the effect of the roll wave, the wave leading edge
is formed and, hence, affects the further development of the instability wave. Grid re-
finement may help to resolve the short instability waves, which are damped due to the
averaging effect on the coarse grid. Both viscosity and surface tension are shown to have
a stabilizing effect on the short-wave instabilities.

Development of the instability waves of different wave lengths on the interface between
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Figure 3: The simulation results for FPA-97 conditions, t = 0.2 s and 0.4 s. (melt
properties: pm = 7810 kg/m3, \xm — 1.6 • 10~3 Pa.s, no surface tension).
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Figure 4: The simulation results for FPA-97 conditions, t = 0.2 s and 0.4 s. (melt
properties: pm = 7810 kg/m3, jum = 1.6 • 10~3 Pa.s, CT = 0.4 N/m).

two fluid layers is also investigated. The density ratio of these fluids is 9000:1000 and the
effect of gravity is neglected. Evolution of the interfacial waves of different wavelengths
is shown in Figs.9-10. Depending on the wavelengths, the initial wave amplitudes are
different. For instance, the initial amplitude of the long waves (A = 50mm) is 5mm,
whereas for short waves, this parameter takes a value of 2.5mm.

As can be seen from the pictures, long waves are more unstable than short waves under
the given conditions. The computational results also indicate that only development of
very short wave instability is more or less irrotational. In all other cases rotational flow
appears around the interface and the evolution of surface waves are undoubtedly affected
by such a flow. The propagation speed of the waves can be estimated from the pictures
and is presented in table . These data are then compared with analytical results provided
by an analytical correlation [8], which was derived for Kelvin-Helmholtz instabilities in
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Figure 5: Evolution of a sinusoidal wave, Figure 6: Evolution of a sinusoidal wave,
grid 64x32, fj, - 0, a = 0. grid 128x64, // = 0, a = 0.
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Figure 7: Evolution of a sinusoidal wave,
grid 128x64, p = 1 -lCT3, a = 0.
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Figure 8: Evolution of a sinusoidal wave,
grid 128x64, \i = 0, a = 2-10"3.

irrotational perturbed flow

picoth{khx)
(17)

where /i is the height of the layer; A; is the wave number, which is calculated from the
wavelength. The comparison indicates that the speed of instability-wave propagation for
rotational and irrotational flows are comparable.

The effects of surface tension and liquid viscosities were also investigated. The calculated
results indicate that such factors have insignificant influence on the development of long
and medium instability waves. Only in the cases of short waves, surface tension and
viscosities may depress small surface disturbances.

4.3. Bubble and drop deformation in flow field

Analytical and experimental results indicate that deformation and fragmentation of a
bubble or drop may also be governed by the Rayleigh-Taylor and Kelvin-Heknholtz in-
stabilities. The Rayleigh-Taylor instability defines the maximum size attained by a single
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Figure 9: Longwave Instability, A =50mm. Figure 10: Shortwave Instability, A =12.5mm.

Table 1: Approximated spreading speed of waves

Wave length, cm
5
2.5
1.25

r Estimated propagation speed, m/s
1.25
1.23

Cr,m/s (Eqs.17)
1.2
1.2
1.2

drop or bubble falling or rising freely through stagnant media in the absence of other types
of disturbance. However, in reality, even for the breakup in the stagnant media there
exists a relative motion between the drop or bubble and continuous ambient fluid, and
the growth of disturbances generated at the interface depends on the magnitude of the
relative velocity, which is a characteristic of the Kelvin-Helmholtz instability. Kitscha and
Kocamustafaogullari [8] had successfully employed a simple mechanistic model, based on
the combination of Kelvin-Helmholtz and Rayleigh-Taylor instability theory, to describe
the breakup of freely rising or falling fluid particles, i.e. bubbles and drops.

Depending on the characteristics of the bubble/drop and its motion, there exist different
modes or regimes of deformation and breakup [10]. The breakup is classified into the bag
breakup, multimode breakup, shear breakup, and catastrophic breakup regimes.

In order to test the capability of the numerical schemes, a calculation was performed for
a standard case of a rising bubble. The initial shape of the bubble is circular. Figure
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Figure 11: Bubble rising problem.
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Figure 12: Deformation and breakup of a circular drop, Do — 15mm.

11 presents the time evolution of the bubble shape at time intervals of 0.002s. The
computed value of terminal velocity varies in the range (1.448-1.991) m/s, which is in good
agreement with the values given by analytical correlations [8] (1.472m/s and 2.197m/s
for cases without and with, respectively, taking into account bubble and ambient fluid
viscosities).

Further, deformation and fragmentation of a drop of heavy (metallic) liquid in water
flow field is numerically investigated. The density ratio of these two liquids is 9000:1000.
The initial drop has a circular shape of 15mm in diameter. Initially, the surrounding
fluid is at rest, while the drop moves at a specific velocity equal to 3 m/s. Simulation is
performed for a drop located in a square computational domain. The conditions on the
left and right boundaries (lying on the moving path of the drop) are set as periodic. The
slip boundary condition is set at the top and bottom boundaries.
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The computational results are presented in Fig. 12. In the figure, the drop moves from
right to left. As can be seen from the pictures, the drop first develops a 'bowl' shape
and then breakup occurs on the elongated edges of the bowl. The estimated deformation
rate of the drop is compared with experimental data obtained by Hsiang et al.[9]. The
comparison shows good agreement between the computational results and experimental
data.

Deformation and breakup of a non-circular drop is presented in Fig. 13. Four periods of
a sinusoidal wave are initiated on the surface of a circular drop of 1.5 cm diameter. As
can be seen from the figure, the initial shape of the drop can affect the rate and behavior
of the drop deformation.
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Figure 13: Deformation of a non-circular drop, DeguiV = 15mm.

5. CONCLUDING REMARKS

In this work some surface phenomena, associated with behavior of the phase interface,
were numerically investigated with the help of a high-order Navier-Stokes solver and an
advanced fixed-grid front-capturing algorithm, called the level set method. The modeling
approach allows to take into account the effect of interface presence as well as flow field
characteristics on the hydrodynamics of phases and interface and, at the same time,
minimize the numerical diffusion, which usually plagues the implementation of finite-
difference schemes for such problems.

The modeling approach and program procedures were applied to analyze jet progression,
shear instability, and bubble/drop deformation in a flow field. It was found that under
given conditions the development of the surface instabilities is generally non-linear. Nu-
merical analyses were performed to investigate the effects of surface tension, viscosities,
and velocity distribution around the interface and the development of instability waves
and surface deformation. Note that these factors are difficult account for in linear or
non-linear stability analyses.
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