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2. SYSTEMS STUDIES 

2.1. INTRODUCTION 

The objective of the systems analysis activity is the systematic study and determi
nation of plant operating parameters through economic analysis and optimization of the 
power station, emphasizing the performance of the fusion power core. The fusion power 
core (FPC) includes the tokamak plasma chamber, first wall, blanket, shield, coils, and 
associated structure. The reference design points are chosen to meet overall design goals 
of the ARIES-I study, such as minimal cost of electricity (COE, mill/kWh) and high 
mass power density (MPD, kWe/tonne). In addition, trade-off and sensitivity studies 
were performed to establish and characterize the design window for attractive tokamak 
reactors. Results and constraints from detailed modeling and engineering design effort 
are fed back and integrated into the systems model. The systems code, therefore, is used 
as a tool in the iterative conceptual engineering-design process. 

The ARIES systems code evolved from a systems code used to model the spherical-
torus tokamak [1] and from the reversed-field-pinch systems code used in the TITAN 
study [2[. The ARIES systems code includes a physics model comparable to that of 
the MUMAK code [3, 4], which is used for U.S. ITER [5] modeling. Informal bench
marking with the TRAC-II code [6, 7] (physics and engineering), the European SU-
PERCCIL/SCAN codes [8] (physics, engineering, and costing), and the GENEROMAK 
code [9, 10] (physics, engineering, and costing) has been performed with generally satis
factory results [11]. 

The overi.ll features and logic of the ARIES systems code are schematically given in 
Pig. 2.1-1. The systems code incorporates a series of computational search loops {e.g., 
fixed aspect ratio and variable minor radius), which solve for the PPC physics and engi
neering characteristics. Subject to certain constraints and design goals, cost dependencies 
are identified, and the key interactions between system variables are determined. De
sign points identified by this procedure are subjected to detailed analysis and subsystem 
design, with conceptual design results being fed back to the systems design code through
out the project for further optimization and refinement. Ongoing calibrations with sep
arate subsystem models used in the project are made. Results of plasma engineering, 
blanket and shield, impurity control, magnet, power conversion, maintenance, tritium 
handling, safety, and other analyses are integrated, sometimes in approximate form, into 

http://overi.ll
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• INPUTS: STABILITY REGIME, COIL OPTIONS, 
T,T./T„q,CT, 
«„. a,, T,/T„ fM rtc-

3 
] 

• PHYSICS INITIALIZATIONS: T, ov>, p, Z„, 0,. nt„ ttc. 
. ENGINEERING INITIALIZATIONS: P„ l„„ f w , M„, x, 5„ etc. 
• COSTING INITIALISATIONS: UNIT COSTS, FINANCIAL PARAMETERS, 
t..P. 

OUTER SEARCH LOOP: VARY A 
INNER SEARCH LOOP: VARY a 

• CONVERGENCE TO STIPULATED P, (MWe) 
- BOOTSTRAP CURRENT, CURRENT DRIVE: O,: 
- POWER BALANCE: Q, - n, PTH, l„ 
- PRESSURE BALANCE: p - I,, B„ 
- IMPURITY CONTROL: 1^, cJFl 

. TF-COIL MODEL: B„ - QK, L, 
• TF-COIL CURRENT-DENSITY CONSTRAINT: BK - j . t , 5„ 
• BUCKING CYLINDER MODEL: MAJOR RADIAL BUILD 
• FPC SIZE, VOLUMES MASSES 

P-/P„.f.c.-y 

COSTING MODULE: DIRECT COST, INDIRECT COST, COE 

MacNTAU POWER-BALANCE MODULE 
COLIF INTERFACE 

^L 
) 

OUTPUTS: 
- PLOTS [FIXED P„ A; VARiED a) 
• MINIMUM-COE DESIGN-POINT SUMMARY 

Figure 2 .1-1 . ARIES systems-rode logic and flow diagram, combining plasma engi
neering, technology, and costing modules. The MacNTAU [12] power-balance solver is 
incorporated in the systems code directly. An input file for the separate COLIF code [13 -
15] (modeling aspects which emphasize the kinetics) is generated for physics modeling. 
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the systems optimization model, which typically uses COE as the object function to be 
minimized. 

Section 2.2 summarizes the physics and engineering models used in the ARIES systems 
code. Section 2.3 describes the costing and economics assumptions and algorithms used 
to project COE estimates. The results of parametric studies leading to the ARIES-I 
reference design point are discussed in Sec. 2.4. Summary and conclusions are given in 
Sec. 2.5. 

2.2, MODELS AND METHODS 

2.2.1. Plasma Engineering Model 

The ARIES systems-code model for plasma engineering begins with a steady-state, 
point-plasma model that is corrected for profile effects. The toroidal plasma geometry 
is described by the major toroidal radius, Rr, and minor radius, a (i.e., half width at 
the mid-plane), and vertical half height, 6. The plasma aspect ratio is A = Rjfa = 1/e, 
When needed, parameters at the separatrix surface are denoted by subscript X (e.g., 
rex) and at the 95% flux surface by subscript 95 (e.g., K 9 S ) . In addition to the vertical 
elongation, K = b/a, the plasma poloidal boundary is also characterized by the triangu
larity parameter, S. The plasma shape factor, S, which is the ratio of the plasma poloidal 
perimeter to the perimeter of a circular plasma (K — 1) with the same value of minor 
radius, a, can be approximated by [16] 

Hl\ „ [l + «8 (1+2^-1.2^) 
2-n-a rcii" ~ 2 

1/2 

(2.2-1) 

as representative of the more refined model [17] actually used in the ARIES systems code. 
The plasma cross-sectional area is given by [7] 

Ap = ira2it = TTJ , (2.2-2) 

where J\(x) is the first-order Bessel function of the first kind and rp is the circularized 
(average) plasma radius. The corresponding major toroidal radius of the centroid of the 
plasma cross section is approximated by [7] 

R'T = RT (i - °J^j , ( 2. 2. 3 ) 
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such that the plasma volume is Vp = 2itB!jA,,. Then, 

Vp = 2ir2Rra-
( 0.233 S\ 2 J, (*) (2.2-4) 

The plasma ion and electron densities are denoted by n, and ne, respectively. Local 
charge neutrality requires that 

Mr) = Y,nj(T)Zi> (2.2-5) 

where the summation is over all ion species. The effective plasma charge is 

'U Zniz> 
(2.2-6) 

The ion population comprises deuterium (D) and tritium (T) as the primary fuel species, 
as well as fusion-product a-particles, proton (p), and 3 He (from the DD reaction*:), and 
impurities (e.g., 1% O2). The concentration of each ion species is / 7 = ny/n;, and in
puts to the systems code are iterated with results of the COLIF code [13-15] for self-
consistency. The central (peak) plasma temperature is T(0) = T 0 , and the central (peakJ 
plasma density is n(0) = n0. The radial profiles of electric and ion temperatures and 
densities are approximated, respectively, by 

T(r) = Ta -fey 
n(r) = n,, + (n D - ns) ~(kf 

(2.2-7) 

(2.2-8) 

where n,„ is the separatrix (edge) density representative of a pedestal in the density profile. 
The value of the temperature profile exponent is aj- = 1.1 and the value of the density 
profile exponent is a£ = 1,3, yielding an njn0 ratio similar to that of a density profile 
without a pedestal (i.e., n, = 0) with a„ = 0.3. The plasma internal energy is 

Wp = 1.5* f l [ncTe + ^njTA , (2.2-9) 

where fca is the Boltzmann constant. 
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The volume-averaged current density, plasma density, temperature, and density-
weighted volume-averaged temperature are defined, respectively, as follows: 

2TT 
n = -~ I n(r) rdr , 

T = 2-l rT(r)rdr, 
A,, Jo 

T = ~ rVT(r)n(r)rdr, (2.2-10) 
n A„ Ja 

where 1$ is the toroidal plasma current. For a density profile with no pedestal (n., = 0), 
these integrations yield: 

71 1 
n„ 1 1 > 

1 + at,, 
T 1 
T„ 1 + ar ' 
T 

=z 
l + a n 

T„ 
=z 

l + a n + ar 
(2.2-11) 

Also, the plasma pressure would have the same radial profile as given by Eq. (2.2-7) but 
with the exponent ap = a„ + ctj. 

The plasma surface-averaged poloidal magnetic field, Bg = flo(rp), is produced by the 
toroidal current, 1^, and the externa! poloidal-field coils and is given by 

B° ~ -JdT - 2^5 ' ( 2 ' 2 " 1 2 ) 

where (i0 is the penneability of the vacuum. The toroidal magnetic field, produced by 
external T F coils, provides the primary confining field in a tokamak. The on-axis toroidal 
magnetic-field strength is B^{RT) = B<t,0, the toroidal beta is /3 = 2^ 0 p / f i | 0 , and the 
poloidal beta is fie = 2fi0p/B$. The edge safety factor, q, is approximated by [16, 19] 

9 = Wq*f^~^-2S\ (2.2-13) 
** (1 - E J) 

where the coefficient Cq = Cj(e/?e,q) R; 1 and 1$ is in MA. The toroidal and poloidal beta 
values are related by [19] 

p' Mvd^f5'- (2-2-i4) 
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The ARIES-1 plasma operates in the first stability regime. Therefore, the toroidal beta 
is taken to be limited by the Troyon relation [20), 

P = Cr-^~. (2.2-15) 

The ARIES-I reference MHD equilibrium is computed based on pressure and toroidal 
current-density profiles that are consistent with current-drive, transport, and impurity-
contiol/particle-exhBust analyses. Values of plasma vertical elongation, nx, approaching 
2 are desirable in increasing plasma volume and fusion power. A base-case value of 
rex = 1.8, however, is chosen based on the vertical stability analysis for ARIES-I and 
on the desire to place the passive stabilization elements behind the blanket. The val
ues of on-axis safety factor, qa ~ 1.3, and average plasma-edge safety factor, q ~ 4.75, 
reflect the trade-offs between equilibrium and stability analyses and the effort to maxi
mize the bootstrap-current fraction. The base-case toroidal beta is 1.9% (corresponding 
to Cr = 0.032 1 m/MA) and is found from high-n ballooning and n = 1 kink stability 
analyses of the ARIES-I equilibrium. Details of the plasma equilibrium and stability 
modeling are discussed in Sec. 3. 

The steady-state plasma power balance equates the input power (i.e., the charged-
particle fusion power, Pa, absorbed current-drive power, PCD> and ohmic power, Pa) 
with the radiative and transport power losses to give 

Pa + Pco + Pa = PBR + PCV + PTR- (2.2-16) 

The two primary radiation-loss channels are bremsstrahlung and cyclotron radiation. 
The electron-ion and electron-electron bremsstrahlung local power density (W/m ; ' ) is 
generally given by [21] 

Pan = 5.35 x 1 0 _ 3 T n ^ e

l / 2 [Zc// ( l + 1.55 x 10~ 3 T,. + 7.15 x 10" 6 T r

2) 

+ 4.14 x 10" 3 T C ] , (2.2-17) 

which includes correction for relativistic effects that tend to be significant only at tem
peratures above the typical ARIES-I operating point at T ~ 20 keV. The cyclotron-
synchrotron) radiation global power density (W/m 3 ) is given by [21] 

Pcv = 6.214 x 1 0 - 1 7 n c r c ^ * , (2.2-18) 

where the Trubnikov absorption correction is given by [21], 
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A " 2 = 7.78 x 10- f l C ^ \ ' . (2.2-20) 

In the above expressions, the usual substitution (B^ - B^y/l — 0) is made tc correct 
for plasma diamagnetism. The rtiiect'vity of the ilrst wall, without holes, was estimated 
by Krajcik [22] to be 

«£,. = l-fi^Z-Urp, (2.2-21) 

where e0 is the permittivity of the vacuum, o>r is the electron cyclotron frequency, 
Z~ ~ 0.32T, + 11.6 {cf., Fig. 5 of Ref. [22]} represents the effective harmonic, and p 
is the electrical resistivity of the first-wall material. A correction to this expression to 
account for holes in the first wall was suggested by Schaffer [23] 

Rcy = ( 1 - / * ) / # , . , (2.2-22) 

where //, is the fraction of the first-wall surface area devoted ?.o holes. Krajcik [22] also 
provides a more accurate expression for synchrotron radiation (without holes). Denoting 
Krajcik's accurate expression by K,., defining K/ from Trubnikov Eq. (2.2-21) through 
$ = K/y/l — Rci > and limiting Kc < A"/> Werley [24] has proposed the hole-corrected 
effective reflectivity, 

Rev = ( 1 - A ) - ( 1 - / / . ) ( | ; ) ' . (2.2-23) 

This expression is found to be more suitable for the poorly reflecting SiC-composite 
first wall used in ARIES-I. It should be noted that a number of similar models exist 
and that they produce various results [21], depending, for example, on the treatment of 
plasma profiles. Therefore, the simplified cyclotron-radiation model of Eq. (2.2-23) must 
be viewed as an approximation to future calculations using more refined codes [25]. The 
plasma-core radiation fraction is 

f _ Pun + Pry /o <i <m 
JRAI) = p , p T"p~ • (2.2-24) 

Generally, the volume-averaged power densities are given by 

Pk = {Pk(r)) = (fk[B(r), j{r), n(r) , T(r)]) , (2.2-25) 

where the subscript k denotes fusion, radiation, or ohmic-heating power density. The sys
tems model calculates volume-averaged power densities, Pk, using averaged parameters; 
all profile information it, contained in the profile-enhancement factors, g/,, where 

Pk = 9kfk((B),{j),{n),(T)). (2.2-26) 
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Henceforth, these quantities are volume-averaged and the notation {.) is dropped, except 
as otherwise specified, for simplicity. The profile factors are then defined as 

2TT 
9k ftPpk(r)rdr. (2.2-27) 

Jo PkAp 

For example, the average plasma DT fusion-power density is given by 

^ = 2.mxl0-ng,,rnonT{av)DT, (2.2-28) 

where {CV)DT is the fusion reactivity evaluated at the density-weighted volume-averaged 
temperature, and gnr is the fusion-power profile-correction factor. The values {<rv)in[T,) 
are obtained using standard fits [26] that have been extended to higher temperature with 
additional data [27] and have been augmented with Los Alamos experimental measure
ments and a temperature-dependent fitting function [28] in the range 0 < T, < 20 keV. 

The ohmic-heating profile-correction factor is 

2TT 
Ssi = 

m{n,T)IlAv 

[" m [n(r), T(r)] [jl(r) + j!(r)} rdr , (2.2-29) 

where JJJ; is the classical Spitzer resistivity, oc ZejjT~3/2. For the ARIES-I base case with 
T ~ 20 keV, the profile enhancement factors are: gnr = 1.081, gnu = 1.327, gsii = 1.050, 
gey = 1.45, and g^ = 1.346. 

A 0.10-m scrape-off layer (SOL) at the equatorial plane provides the standoff between 
the plasma separatrix and the first wall. For ARIES-I, power and particle control is 
provided by two poloidal-field divertors. A simplified analytic scaling model [29], bas?d 
on detailed Braams code [30] and other [31] results, has been developed and incorporated 
into the systems code for a rapid and flexible characterization of the ARIES-I edge-
plasma/divertor performance. This model estimates the peak plasma temperature at the 
divertor plate from 

2mj(L,,fdXfr)2 „ , , „ > 
fcg (iff W)2 \> 

where, 

rrtj = plasma ion mass (2.5 x 1.66 x 1 0 - 2 7 kg), 

L, = is the edge field-line connection length between the watershed and null points, 

fd = fraction of the total thermal power that is deposited on the plate being considered 
(typically --0.5 for two divertors), 
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X S cross-field thermal diffusivity in the scape-off layer (typically ~4 m 2 / s ) , 

/ r S fraction of the thermal power in the divertor plasma that reaches the plate through 
the sheath (typically —0.71), 

w s ratio of parallel power flow at the divertor target to that iir. the scrape-off layer 
(typically -0 .6) , 

7 & sheath power-flow transmission coefficient (typically ~7.2), 

W ~ ratio of plasma pressure at the divertor target to the pressure at the watershed 
(typically ~0.6), and 

A s radial scale length for the decay of power flow in the SOL appropriate for high-
recycle (Tpi < TSOL) or low-recycle limiting cases (TPL — TSQL). 

The model also estimates the peak divertor-plate heat flux, 

where, 

PH S plasma (input) heating power, PH = Pa + PCi> + Pa, 

fc 3 fraction of the thermal power transported into the channel (inboard or outboard) 
being considered, 

/ / ~ fraction of the power in the divertor plasma that is absorbed by the divertor target 
(typically ~0.9), 

A S angle of inclination between the divenor plate and the magnetic surfaces in the 
poloidai cross section (typically 10°), and 

fT = average flxx expansion factor between the SOL and divertor plate (typically 2). 

The value of /HAD f°r a DT plasma at T ~ 20 keV with Zejj ~ 1.5 and a highly 
reflective (PCy ^ 0) first wall is ~ 0.12. For ARIES-I with an SiC-composite first wall 
(Rev i 0.45), values of / / U P — 0.5 are predicted. It should be noted that the above 
provides only an estimate of Tpi and qpL- Detailed edge-plasma transport calculations 
have been performed ior ARIES-I (Sec. 5). The estimates given above and detailed cal
culations both show that Tpi and qPL decrease as aspect ratio increases, which provides 
an incentive for high aspect-ratio operation. 
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The plasma-energy confinement time, 7>;, expressed in terms oi the net heating power, 
PTK ~ Pn(i - //<,u>), is 

W 
TE = " . (2.2-32) 

^ f U " /«.•!/) j 
The ARIES systems code begins with an input value of the Lawson parameter, ntTj.:, to 
establish the physics design point. An internal MacNTAU power-balance calculation [24] 
and an auxiliary COLIF-code [13] calculation are used to establish the appropriate ion 
constituent fractions and the corresponding values of n,T^ and rg. Once 7>, is known, a 
comparison can be made to any of a number of proposed empirical scaling relations [5, 
16, 32]. It should be emphasized that no particular scaling law is assumed in advance 
to derive the ARIES-I design point. The value of T£ for a design point is compared to 
the various scaling alternatives (e.g., Goldston) by means of a confinement multiplier, 
H} =TE/T^: where the superscript j denotes the particular relation of interest. For 
example, the Goldston L-mode confinement time is given by 

T £ - 3.7 x 1(T* h B)fna'ui7 < 5 ( ^ ) U S [PH (1 - JKAU)}^ , (2.2-33) 

where A, is the atomic mass (2.5 lor a nominal 50:50 DT fuel mixture). 

The current-drive cost and recirculating power have a direct impact on the economics 
of a steady-state reactor. Therefore, the amount oi current drive by external means 
should be minimized. This is achieved in ARIES-I by maximizing the bootstrap-current 
contribution and by decreasing the magnitude of 1^ (e.g., increased A and q, and de
creased j3). A solution of the Grad-Shafranov equation that is made self-consistent with 
both RF-driven and neoclassical current densities [33] provides the following expression 

A ^ ^ / £ £ , ( 2 2 3 4 ) 

Pco ~ A*'* ' ( ' 

where PCD is the current-drive power if all the plasma current has to be driven by external 
means and APco i S the predicted current-drive power when neoclassical bootstrap effects 
are included. The on-axis Shafranov poloidal beta is given by 

P'° = (B l / f e ) ' (2-2"35) 

where Bg is given by Eq. (2.2-12). The coefficient C is given by 

C = C,-^(c2 + Canro ~±-\ . (2.2-36) 
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Typically C\ = 2.1, Ci — 1.3, C3 = 1.2, and / ~ 0.23, which in actuality is a weak func
tion of geometry and profiles. Although the expression for T was derived for As> 1, K = 1, 
and IBC/I* ^ li it agrees well with the numerical result given in Ref, [33]. This model 
is applied as stated to all ARIES systems calculations and is described in Sees. 2.4,1 
and 2.4.2. 

Both neutral-beam current drive (NBCD) and ion-cyclotron range-of-frequencies (ICRF) 
fast-wave current drive (FWCD) were considered for ARIES-1, with lower-hybrid waves 
being used in both cases to drive current in the edge plasma. The NBCD is a prime 
candidate for ITER [5] and promises a higher normalized current-drive efficiency, 

, = &!p*d*. (2.2-37) 
PcD 

The FWCD has a lower unit cost (S/W), requires less technology extrapolation for RF 
sources, and is more compatible with the fusion power core (superior maintenance and 
safety characteristics). Because of these advantages and since no overriding total cost 
differences were found between NBCD and FWCD, FWCD is selected as the reference 
current-drive system for the ARIES-I design. 

The following expression, corrected for electron trapping effects, is used in the ARIES 
systems code to scale the normalized efficiency of the FWCD: 

7 = 0.72 f"'7(0.041 +0.235/?) , (2.2-38) 

where Te is the volume-averaged electron temperature. This expression is based on a 
fit to 19 self-consistent equilibrium/current-drive calculations with ap = 1.4, a„ = 1.1, 
Za/j = 1.5, and volume-averaged ion temperature of T = 12 keV; limits on fr > 10 keV 
and 0 < 0.08 are also noted [33]. 

The tritium-fuel source rate, 5/-, in steady state balances the sum of the tritium 
burnup and loss rate, Lj = fint/rp. The tritium burnup fraction, / # , is 

f - S r 

JB = ; 1 + 
9DT fu (trv)vT re, r K (TP/TE) 

(2.2-39) 

where TP, the particle confinement time, is taken to be T;> KS 4T> ;. For the reference 
ARIES-I design, fB ~ 0.19. The value of T„ is assumed to be the same for both fuel ions 
and the fusion a-particles, resulting in a steady-state concentration, na/n, ~ 10%. The 
partial pressure, naTa/(n,T, + raeTe), of the thermalizing a-particles reduces the "useful 
beta" of the device by ~20%, calculated consistent with Ref. [34]. 
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2.2.2. Reactor Engineering Model 

The systems-code model for reactor engineering characterizes the first wall, blanket, 
shield, coils, current-drive, and impurity control hardware in order to provide the basis 
for the cost estimate of the fusion power core (FPC). Additionally, the reactor power 
balance is modeled in order to size the balance-of-plant requirements of the ARIES-I 
electric generating station. 

The inboard and outboard thicknesses of the first wall, blanket, and shield are deter
mined by detailed calculations, discussed in Sec. 8, and held fixed by the systems code. 
The SiC-composite first-wall thickness is 0.012 m on both the inboard and outboard sides 
of the plasma, The inboard blanket thickness, Sy,, is 0.67 m, and the outboard blanket 
thickness, 8R0, is 0.97 m. The inboard shield thickness, Ss>, is 0.71 in and the outboard 
shield thickness, 8So, is 0,81 m. Thus, the inboard standoff between the inner plasma 
edge and the inside face of a TF coil, where the peak toroidal field, B^,c, is found is 
~1,5 m for all values of a and Ry searched by the systems code. 

The toroidal magnetic field is produced by a set of N-rr = 16 D-shaped TF coils, 
carrying the coil current, 7C, and producing the on-axis field strength, B$(Rj) = B$0, 
given by 

* • - < w - *"•«> 
The peak toroidal magnetic-field strength on the inboard leg of the TF coil is given by 

* . - < ^ . < « « , 

where Rc is the major radius of the inboard face of the inboard TF-coil leg. Using a 
convenient model [35] to characterize the poloidal shaie of the TF coil, the ARIES-I 
TF coil is illustrated schematically in Fig. 2.2-1. 

The TF-coil set dominates the size and cost of a tokamak reactor, particularly for 
the ARIES-I design with BM = 21 T. The centrum of the TF-coil model is a scaling 
relationship between the overall current density, j ^ , and B^. This TF-coil scaling is 
given by [36] 

,• = O.iagu-Bl/2^ 

where Rt and R2 are, respectively, the major radii of the TF-coil inboard and outboard 
legs, and are in m. The factor 0.8 = 1/1.25 reflects the typical 25% contribution of insula
tion and helium-coolant channels to the coil cross section. The allowable stress in the coil 
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Figure 2.2*1. Schematic elevation view of the ARIES-I plasma and TF coil, showing 
the bucking cylinder (BC) and the notation used for various major toroidal radii. The 
view shown is a figure of revolution about the vertical axis (R = 0). 

support structure is <jau and <rSJ is the stabilizer (tensile) yield stress (both in GPa). The 
stabilizer provides both the usual quench protection and (unlike for ITERj contributes to 
the overall load-carrying capability. Note that the structural term, (B^RT/i)ln(R2f R\), 
dominates except for small values of jsc. This TF-coil scaling relationship is utilized in 
the ARIES systems code, using the following formula for jsc 

jsc = 10" 
1 - ( i W 4 6 f 

(2.2-43) 

Typical for the ARIES-I design is j ^ = 28 MA/m 2 at B^ = 21 T, compared to the ITER 
design with j c £r 14 MA/m 2 at B& ~ 11 T. Figure 2.2-2 gives a typical dependence of 
jte on 5<jc for a range of coil scaling assumptions (Rv = 7.5 m, R} = 3.5 m, fl2 = 11 m, 
JST = 200 MA/m 2 , and <rST = 0.8 GPa for options III and IV). 
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Figure 2.2-2. Scaling relationships for overall TF-coil current density and peak (inboard 
leg) TF-coil magnetic-field strength. Options I and II (independent of D-coil geometry) 
were uaed in the GENEROMAK/ESECOM studies [9, 10, 37, 38]. Options III and IV 
were developed [36] for advanced high-field applications, consistent with ARIES-I. The 
ITER design point [5], developed independently of these scaling laws, is shown for com
parison. 

With the j c versus B^ relationship available and NJF specified, the inboard TF-coil 
cross section can be determined for a given reactor design (e.g., RT, Rit R2, B$c, etc.). 
Specifications of the shield and standoffs determine the vertical half height of the (near-
constant-tension) D-shaped TF coil. This D-shaped coil is extended to the outboard leg 
using the standard shape factor, which, when established by the vertical shield/divertor 
standoff relative to the elongated plasma, is more than adequate to meet the radial 
build requirements at the outboard equatorial-plane location. The toroidal-field ripple 
is monitored at the inboard plasma edge, the plasma magnetic axis, and the outboard 
plasma edge, with NTF being chosen to hold the outboard plasma-edge ripple to below 
~ 1 % . The outboard TF-coil "transparency" or coverage factor is also monitored to aid 
in defining the FPC layuut and maintenance. 
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The net centering forces generated by the TF-coil set are reacted by the hollow bucking 
cylinder, as is illustrated in Fig, 2.2-1. The critical compressive pressure, Pct at which 
the elastic buckling of the (thin) cylinder occi."s is approximated by (39] 

1/4 
(2.2-44) 

where E = 2.9 x 10" Pa is Young's modulus for the bucking cylinder material (steel), 
v ~ 0.27 is Poisson's ratio, hsc is the vertical height of the bucking cylinder, and 
Rue, is the major toroidal inner (bore) radius of the bucking cylinder with thickness, 
5ac = RBCO — RBCI- The outer radius of the bucking-cylinder (actually a polygon with 
NTF — 16 sides) coincides with the major radius of the faces of the TF coils at major 
radius RBCO = R\. ~ $TF/2- The external pressure on the bucking annular cylinder is 
P = {RfiColRi){Blc/fyo) = fticPc, where the fe .or fHc = 0.20 provides a margin of 
safety. Equation (2.2-44) is solved for the bucking cylinder thickness, fine- The buck
ing cylinder is also monitored for the compressive hoop stress, ag, at Rucx-, which is 
approximated by [40j 

< 0 ~ ~W m~ ' (2.2-45) 
nBCc aBCi 

which is not allowed to exceed 1.0 GPa. The bucking cylinder is made sufficiently thick 
to meet the more restrictive of the constraints provided by Eqs. (2.2-44) and (2.2-45). 
This approximate procedure has been found to be comparable to, but more conservative 
than, the detailed coil-design calculation reported in. Sec, 7. For example, finite-element 
analysis shows that the peak stress in the ARIES-I TF coil is ~700 MPa and, for the 
same design, the systems code predicts 1.0-GPa stress levels. Additional coil structural 
support beyond the bucking cylinder must also be provided. Following Ref, [10], the 
steel structural volume is estimated to be 50% of the TF-coil volume, pending a detailed 
mechanical design. 

The poloidal-field (PF) coils are modeled in the ARIES systems code as two divertor-
field (DF) and two equiiibrium-field coils. The ratio of DF-coil current to plasma current 
and the ratio of DF-coil major radius to plasma major radius is calibrated from de
tailed equilibrium calculations using the NEQ code [41]. These ratios, along with the 
specification of engineering current density, j c , in the DF coil allow a coil sizing to be 
made. Similar PF-coil current and major radius ratios are provided by the NEQ code 
equilibrium calculations, but a second option using a dipole model to provide the correct 
vertical field at the plasma outboard edge is adequate for purposes of the . '"stems study. 

Pc 0.807 - E 6 ^ 
hgc RBCI 

(-L-X 3<L 
BCi. 
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The ratio of PF-coil to TF-coil mass is monitored to ensure agreement with detailed coil 
design activities, this ratio typically being in the range of 0.4 to 0.6. 

An important design choice in ARIES-I is to locate all P ? coils outside the TF-coil 
set. This specification, along with the requirement that a separatrix be formed within 
the vacuum chamber in a minimum-energy configuration, gives the dependence of trian
gularity, 6, on elongation, K, depicted in Fig, 2.2-3(A); lower « requires higher 6 for a 
given aspect ratio in order to maintain art in vacuo separatrix. The dependence of n and 
6 on the inverse aspect ratio, as determined by the NEQ code, is week and is modeled 
by [17) 

KX = K D (l + 0 .44e 2 ' ' ) , (2.2-46) 

5* = 80{\+ 0.77 s 3 ) , (2.2-47) 

where the calibration coefficients are KB = 2.1 and 60 = 0.53 (c/., Ref. [17]). Maintaining 
this weak dependence on e but including the 6 versus r- dependence shown in Fig. 2.2-3 
gives (42) 

60 = - 0 . 5 K O -l- 1.56 . (2.2-48) 

Since the coupling of PF coils located outside the TF-coil set is poor, and decreases, 
this S versus K requirement translates into increased PF-coil currents and mass at the 
lower values of «. The required PF-coil mass increase liar been estimated by utilizing 
the multipolar field expansion [42] used to generate Fig. 2.2-3(A) and is expressed in 
Fig. 2.2-3(B) as follows: 

A M /188Y 1 " 

where the reference point has been taken at K = 1.88. The dependence on A is weak and, 
therefore, is not modeled. 

The thermal conversion efficiency of the blanket power, PB, to electricity is denoted 
by ijfff We denote the thermal-conversion efficiency for the di vertor-coolant loop by I}T//, 
in order to model the case of a compound system (typically i$H < Tjffl) or the extreme 
case where the divertor power, PD, is dumped to the environment as low-grade (wane) 
heat (TJTJ, ~ 0). The power-to-wall area weighted-average thermal-conversion efficiency 
becomes 

VTH - pTJ-pB ' (2.2-50) 
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Figure 2.2-3. (A) Plasma triangularity as a function of vertical elongation to insure a 
minimum-energy magnetic design for a range of plasma aspect ratios; and (B) Added PF-
coil mass required to maintain an in vacuo s^paratrix as the plasma vertical elongation 
increases. 
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where 

PB = fKAD[l-fD)(Pcp + PcD + Pa) + PNMNt (2.2-51) 

PD = {\ - SHAD + fRAt> SDKPCP + Pco + Pti), (2.2-52) 

the core plasma-radiation fraction is /RAD — 0.5, /D ~ AQ/AFW ^ 0.25 is the fraction 
of the first-wall surface area devoted to the divertor plate surfaces, and Pep cz Pa is the 
charged-particle fnsion power. The blanket neutron-energy multiplication is M^ = 1.3, 
as found from neutronics calculations reported in Sec. 8. In order to avoid the design com
plication of two separate coolant circuits, the ARIES-I blanket and divertor use the same 
helium-coolant inlet/outlet temperatures and pressures to yield n ^ = j]yri = 1777/ = 0.49 
(Sees. 5, 8, and 9). 

The ARIES-I power now, as modeled in the systems code, is illustrated in Fig. 2.2-4. 
Given a stipulated target for the net electric-power output, Pg, the thermal-power 
output, PTH, is determined for a nominal value of the thermal conversion efficiency, 

NET 
ELECTRICAL 

POWER 
P E = "et < 1 • 'pump - fAUX ) • f fco ' lcD 

PLASMA BLANKET THERMAL 
CYCLE 

PRIMARY LOOP 
PUMP POWER 

CURRENT-DRIVE 
POWER 
'CD' TICD 

(1/ilco-1)pco 
LOW-GRADE 

HEAT 

Figure 2.2-4. ARIES-I overall power-flow model as used in the systems code. Typically 
net electrical power is fixed. Other parameters adjust as plasma radius is varied for fixed 
plasma aspect rati..*. 
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T)TH, such that PE — T?77/(1 — e)Prn, where e = 1/QE is the recirculating power frac
tion and QE = PET/PC is the engineering Q-value. The gross electric-power output is 
PET = TJJHPTH- A fraction /AVX of PET (PAU.X = JAUXPET) i s allocated for auxiliary 
functions. A fraction fpump of PET (Ppump = fpump PET) is allocated for primary-loop 
pumping power. Of this latter contribution to the recirculating power, it is assumed 
that 0.90 Ppump is recoverable as useful thermal power in the primary coolant loop. The 
engineering Q-value figure of merit, QE, can be written as 

n 1 MKPN + Pa + Pa+0MPpmp / o , H \ 
QE = - = VTH p , p —fp-—J-—r~ . (2.2-53) 

The ratio of fusion power to absorbed current-drive power is the plasma Q-value, or gain, 
QP = PF/PCD = 20 for QE ^ 5. 

The average 14.1-MeV-neutron first-wall load, PK/AW = /„,, is given by 

h" = 1^58 4 ^ ' ( 2 " 2 " 5 4 ) 

where PF is the DT fusion power and x ~ rp/rw is the plasma filling fraction, which 
is calculated based on the assumed scrape-off layer thickness, 8, — rw — rp = 0.10 m. 
Subsequent calculations of the poloidal distribution of the neutron wall load, including 
the effects of the source distribution, are performed using the NEWLIT code [43]. The 
peak-neutron wall load as computed from NEWLIT is 3.8 M W / m 2 at the outboard first 
wall at the equatorial plane, compared with the average value of 2.5 M W / m 2 . 

The total FPC mass, Mppc, is the sum of coil, blanket, shield, and structure com
ponent masses. The ratio PE/MFPC in units of kWe/tonne is used as the FPC mass 
power density (MPD) figure of merit. The threshold of marginal economic interest, met 
by ARIES-I, has been identified at ~100 k We/tonne [44]. Higher power-density systems 
lead to higher values of MPD, with the MPD value that minimizes COE being highly 
dependent on the confinement concept. 

2.3. COSTING AND ECONOMICS 

The plasma physics and reactor engineering models of the ARIES systems code to
gether provide a characterization of the ARIES-I FPC that is adequate for conceptual 
cost projections. The systems-code unit-cost data base is summarised in Table 2.3-1. 
Unit costs for NBCD and FWCD options are summarized in Table 2.3-11. 
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Table 2.3-1. 
Fusion-Power-Core Unit Costs (1988 9)W 

Material/Component Mass Density (kg/m 1 ) Unit Cost ($/kg) 

Breeder materials 
Li (natural) 500 47.5 
l\20 2,000 47.5 
UM02 2,550 47.5 
Li^SiO, 2,400 47.5 
LijZrOs 4,150 51.3« 
FLiBe 2,000 74 .3^ 
PbLi 9,400 4.3 

Structural materials 
PCA 7,800 52.8 
RAF 7,800 52.8 
Fe-1422 7,800 21.1 
HT-9/Cu 7,800 58.1 
SiC (composite) 3,200 400.0 
At 2,700 14.2 

Other materials 
SiC (bulk) 3,200 50.0 
Be 1,850 530.5 
BeO 3,000 212.0 
Cu 8,900 58.5 
C 2,000 10.7 
B.,C 2,500 21.2 

Coils 
Ternary Nb 3Sn 7,300 90.0 
Nb : iSn 7,300 80.0^ 
NbTi 7,300 70.0 
Cu 7,300 57.0 
Divertor system - 63.0 k$/m 2 

( a ) Reported 1986-$ unit costs (Ref. [10], primary source) are updated to 1988 $. 
<fr>Ref. [45]. 
<c>~S50/kg suggested [46], 
WRef. [47]. 
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Table 2.3-II. 
Cur ren t -Dr ive Unit Costs (1988 $) 

System Efficiency, IJCD Unit Cost ($/W) 

2-MeV neutral beam 0.68 3.0 

Lower hybrid (80 MHz) 0.68 1.25 

rCRF fast-wave*"' 

80 MHz 0.84 1.0 

158 MHz 0.72 1.0 

250 MHz 0.65 2.0 

800 MHz 0.63 2.0 

2500 MHz 0.48 2.0 

8000 MHz 0.44 2.5 

(a>Ref. [481 

The estimated cost of electricity (COE, mill/kWh) is the most important evaluation 
too] for optimizing and comparing with alternative energy sources. The estimated COE 
is the object function of the parametric systems analysis (PSA) code. Both constant-1988 
and then-current-1994 dollar analyses (consistent with the assumed r c = 6-y construction 
time) are used to evaluate the ARIES-I costs. The bus-bar energy cost is given by 

COE = CM + iCotu + CscH + CrW + vr f ( 2 . 3 - l ) 

where 

COE = Cost of electricity in constant or then-current dollars (mill/kWh); 

C/lc ~ Annual capital cost charge., equals the "overnight" total capital cost multiplied 
by the fixed charge tate; 

C, — Cost of account i; 
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CoitM ~ Annual operations and maintenance cost, Cm + C.\{ f . . . + C17; 

Cscn = Annual scheduled component-replacement cost, C-M + C5\\ 

Cf = Annual fuel costs, C12 and Cuj; 

y — Annual escalation rate; 

Y = Construction period (year); 

P/.- = Net plant electric-power output (MWe); 

pj = Plant availability factor; 

26 

TDC = Total direct cost = £ C,; 
r = 2l) 

Ciuc = Interest during construction, CW — fine TDC; 

CCDC = Escalation during construction, Cga = /LDC TDC; 
98 

TCC = Total capital cost = £ C,. 
1=20 

The detailed methodology for calculating the time-related cost factors is described in 
Refs. [9] and [49] and will not be repeated here. This description differs from the U.S. 
fusion-reactor-community standards [50, 51] used in the period 1980 to 1985 because 
01 a slightly different "s-shaped" spending profile assumed, but represents the pending 
standard for U.S. fusion-reactor studies for the foreseeable future [52], Levelized annual 
fixed-charge-rate (LAFCR) values are summarized in Table 2.3-III. The reference TITAN 
study [2] assumed an annual inflation/escalation rate, y — 0.06/y, to give, under the 
standard assumptions [49], an annual utility cost of money (COM) of x = 0.09/y, a 
constant-dollar-mode LAFCR of 0.08/y, and a corresponding then-current-dollar-mode 
LAFCR of 0.136/y. Factors used to obtain interest-during-construction and escalation-
during-construction costs are summarized in Table 2.3-IV. The TITAN study used the 
upper set of factors (y = 0.06/y and a; = 0.09/y). The lower set, assuming y = 0-05/y 
and x — 0.10/y, is characteristic of the older U.S. fusion-community standard [49, 53]. 
Differences between the standards, however, are not large. The economic parameters 
assumed in the costing model used in the ARIES-I study are summarized in Table 2.3-V. 

The direct-cost account entries, C , are obtained by applying relevant (installed) unit-
cost estimates {e.g.. S/W, S/kg, S/nv'), where known, to the calculated usage of these 
items in the conceptual design, such that C,($) = u,($jun\t)X, (unit). A learning curve 
or mass production credit is taken for a "tenth-of-a-kind" commercial reactor installation, 
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Table 2.3-III. 
Effective Cost of Money (COM) and 

Levelized Annual Fixed-Charge Rate (LAFCR)W 

Escalation Rate, y (%/y) COM, a; (%/y) LAFCR (%/y) 

0 4.2 8.oW(10.0)< r ' , i ) 

2 5.8 9.7 

4 7.4 11.6 

5 NA NA (15.0) ( ' ' ' 

6(*.<0 9. 0(6.o Z3.6<c> (16.5) ' ' ' 1 

8 10.6 15.8 

10 12.2 18.1 

("'Ref. [49]. 

t f c>TITAN study [2] reference case for constant-dol lar mode . 

<r>Ref. [9]. 

( r f 'Ref. [50]. 

f e ) TITAN s tudy [2] reference case for then-current-dol lar mode . 

consistent with U.S. fusion-reactor design-community prac t ice . T h e ARIES- I s tudy, like 
S T A R F I R E (54] and most o ther U.S. fusion-reactor designs repor ted in the last decade, 

=sumes uni t costs consistent with these learning curve [55] credi ts , r a the r than first-
of-a-kind uni t costs ( including R&D) appropr ia te for I T E R [5] or some other repor ted 
designs [8]. A "75% learning curve" (i.e., 0.75 progress ra t io , p ) , as used for ARIES (47], 
represents the expecta t ion tha t each doubling of product ion represents a (1 — p) reduc
t ion in uni t costs. A "tenth-of-a-kind" reactor represents , nominally, ~-3.3 doublings of 
product ion or -~50% cost redact ion relative to init ial costs. Of course, actual product ion 
experience varies (55]. 
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Table 2.3-IV. 
Time-Related Cost Factors*"1 

as Functions of Construction Lead Time 

Lead Time, Y Capitalization Factors. Interest Factor, 
(y) /cop ("ominal dollar) / ^ p U (constant dollar) f'IDC 

1 
2 
3 
4 
5 
6 ( c 

7 
8 
9 

10 

For y = 0.06/y and a; = 0.09/y( 6 ) 

0.0788 0.0177 0.0556 
0.1558 0.0287 0.0908 
0.2386 0.0399 0.1274 
0.3273 0.0513 0.1652 
0.4224 0.0629 0.2042 
0.5244 0.0747 0.2444 
0.6338 0.0866 0.2858 
0.7511 0.0986 0.3284 
0.8768 0.1109 0.3723 
1.0117 0.1233 0.4176 

For y = = 0.05/y and x = 0. io/y 

1 
2 
3 
4 
5 
6 
7 
8 
9 

10 

0.0812 
0.1558 
0.2359 
0.3217 
0.4135 
0.5120<d> 
0.6174 
0.7303 
0.8512 
0.9808 

0.0297 
0.0484 
0.0676 
0.0873 
0.1076 
0.1282M 
0.1494 
0.1711 
0.1933 
0.2161 

0.0617 
0.1011 
0.1424 
0.1853 
0.2299 
0.2761^ 
0.3240 
0.3738 
0.4254 
0.4790 

( b ) c / . , Ref. [9], Table D.I, p. 237. 
( c ) TITAN study [2] base case for Y = 6 y construction time. 
( ^ c / . , Ref. [50]; (IDC and EDC are, respectively, interest and escalation during construction. 

/ 4 P = ( / / w + fsoc) = (0.316 + 0.190) = 0.506, f'mpl, = 0.129, fllx: = 0.316. 
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Table 2.3-V. 
Reference ARIES-I Economic Parameters^*' 

Plant life (y) 30 

Plant lead time (y) 6 

Indirect cost factor 0.35 

Contingency factor 0.10 

Factor for escalation and interest during construction 1.1652 

Nominal capacity factor 76% 

Spare parts multipliers 

Blanket 1.0 

Coil 1.0 

Limiter 1.0 

Effective cost of money 

Nominal dollars 0.0957 

Constant dollars 0.0435 

Inflation rate ( y _ 1 ) 5% 

Effective tax rate 0.3664 

Tax depreciation life (y) 

Overall plant 15 

Replaceable blankets, etc. 5 

Fixed charge rate 

Nominal dollars 0.1638 

Constant dollars 0.0966 

<°'c/., Ref. [10], Table 3.1. 
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Often, the cost data base consists of cost scaling relationships of the form 

(2.3-2) 

where A" can be either a descriptive variable (e.g., power, mass, volume) or a scaled 
variable, Xjj XM^I--, related to a reference value, Xm.;r of Xj, and ej is an appropriate 
scaling exponent (usually 0 < ej < 1). Equation (2.3-2) can be rewritten in the form 

C} = 
{XJY-'J (A',)' 

which allows the definition of a (variable) unit cost 

Xj, (2.3-3) 

iXrf-'i ' 
(2.3-4) 

and is a dependent function of the descriptive variable, A'^, itself. While the cost ac
counting scheme allows for detailed cost breakdowns (to four levels), only a relatively 
sparse, but comprehensive, subset of items are estimated and reported explicitly. The 
cost scaling exponents, ej, used in the ARIES-I study are typically consistent with those 
of the U.S. fission nuclear-reactor experience [56] and represent the inclusion of quality-
control costs associated with nuclear-grade (N-stamped) components. Potential cost 
savings derived from the substitution of conventional (non-nuclear) components under 
the condition of demonstrable inherent safety are significant but controversial [57]. Two 
sets of such cost factors are summarized in Table 2.3-VI. These savings can amount up 
to 25% on selected items, but have not been included in the ARIES-I data base. The 
essential elements of the ARIES-I cost data base are summarized in Table 2.3-VII. Costs 
that date from sources using a 1980-dollar reporting base are scaled to a 1988 reporting 
base by using the multipl :cative factor 1.424. 

For purposes of costing in the systems code, the reactor building is divided into a 
variable-volume reactor cell (housing the FPC and vacuum tank) and a fixed-volume 
region (housing the primary heat-transport loops). The volume of the latter portion is 
estimated to be 1.55 x 105 m 3 and is similar to that of STARFIRE [54] after escalat
ing costs. The reactor room is modeled as a rectilinear enclosure extending horizon
tally 9 m beyond the FPC with a height approximately three times that of the FPC, 
such that VRB (m*) = 16 (RT + r, + df (6r„) + 1.55 x 10 \ The basic building structure 
(Acct. No. 21.2.1) is priced at $300/m 3 , a value between that of STARFIRE [54] and 
MARS [60] designs. To this value is added 2 M$ for building services (Acct. No. 21.2.2), 
$40 M for containment structures (Acct. No. 21.2.3), and SlO.l M for architectural costs 
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(Acct. No. 21.2.4). The ARIES FPC is represented by most of the reactor equipment 
(Acct. No. 22.1) items. 

The reactor-torus replacement-cost estimate applies a factor of 2 to the direct cost of 
these components to allow for the handling and replacement of the spent reactor-torus 
modules. For an assumed first-wall fluence life, IWT = 20 MWy/m 2 at a cost-optimized 
neutron -wall loading of Iw ~ 2 .5MW/m 2 and a plant factor pj cr 0.76, routine FPC 
replacement occurs every six years. Account No. 50 represents ~ 9 % of the base-case 
COE for ARIES-1 and is distinct from the nominal annual operations and maintenance 

Table 2.3-VI. 
Safety-Assurance Cost-Credit Factors'*' 

Cost Area Perkins' Factor [10, 57] ICF Factor [10, 58] 

Blankets 2.0 1.11 
Shield 2.0 1.11 

Coils 1.44 1.11 

Reactor building and hot cells 1.47 4.0 
Other structures and improvements 1.47 1.15 
Heat transfer and transport 2.5 1.11 
Other reactor plant equipment 1.0 1.11 
Turbine plant equipment 1.0 1.18 
Electrical plant equipment 1.75 1.54 
Miscellaneous plant equipment 1.3 1.67 
Heat reject system 1.25 1.11 

Land 1.0 1.18 
Indirect costs 1.25 1.32 
Oi.M COSts 1.0 1.32 
All other cost areas 1.0 1.0 

("' Divisor factor applied to cost model accounts. 
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Table 2.3-VII. 
Summary of ARIES-I /TITAN Cost Data Base*" b> 

Acct. No. Account Title Cost (MS, 1980*c>) 

20. Land and Land Rights 3.3 

21. Structures and Site Facilities 
21.1 Site improvements and facilities 11.28 
21.2 Reactor building 3.0 x 10 - 'V R f l + 39.5 
21.3 Turbine building 33.5 
21.4 Cooling structures 7.135 (iVr/lOOO) 0 3 

21.5 Pover supply and energy storage bldg. 9.16 
21.6 Miscellaneous buildings 76.5 
21.7 Ventilation stack 1.81 

22. Reactor Plant Equipment (RPE) 
22.1 Reactor equipment 
22.1.1.1 Breeding material: Table 2.3-1 

22.1.1.2 
22.1.1.3 
22.1.2 

22.1.3 

22.1.4 
22.1.5 
22.1.6 

Liquid metal (LM): PbLi*d'c> 
Lit*') 

Water solution: LiN0 3 * d ' f l ) 

Blanket and first-wall structure 
Be multiplier*9' 
Shield: 

V alloy*-" 
Ferritic steel*3' 

Magnet coils: 
Normal conducting 
Superconducting 

Supplemental (RF) heating systems 
Primary structure and support 
Reactor vacuum system 

(see Acct. No. 26.1) 
(see Acct. No. 26.1) 
( 7 . 8 3 / 6 t i + 2.46) x I t )" 3 M 
0.0533 MBL 
0.3338 MBf 

0.1855 MSHD 
0.0157 MSHD 

Table 2.3-1 
Table 2.3-1 
Table 2.3 II 
0.1125 VSTH 
0.015 M , ^ . + 2.5 (kg/d) 
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Table 2.3-VII (Cont'd) 

Acct. No. Account Title Cost (M$, 1980<c>) 

22.1.7 Fower supply (switching, energy storage): 
Normal-conducting coils 18.55 S/kVA 
Superconducting coils 296.7 S/(kVA)°-? 

I B C ^ 37.09 S/kVA 
OFCD<''"> 37.09 $/kVA 
Other 1.0 

TF IBC busbars^) 3.034 
DF IBC busbars^ 1.625 

22.1.8 Impurity control system 0.66 AQ 
22.1.9 Direct energy conversion^1' 0.0 
22.1.10 ECRH breakdown system 1.589 
22.2 Main heat-transfer system 
22.2.1 Primary coolant: 

L i " ' U j = 0.2013 [PrH(l - /„))-"•* ( 0 

Xj = PTH(1 - / „ ) 
He, H 2OW UJ = 0.1030 [ P r w ( l - fw)}-"* <'> 

Xj = PTH(1 - / „ ) 
22.2.2 Intermediate coolant system «,- = 0.1030 PjU''1 ('> 

Xj = PTH 
22.2.3 Secondary coolant system u, = 0.1030 (PTii / , „ ) " " 2 ( j > J 

22.3 Auxiliary cooling systems 6.7 x 10- ' PTH 
22.4 Radioactive waste treatment 1.2 x 10~ 3 PTH 

22.5 Fuel handling and storage 
22.5.1 Pellet injectors 3.709 MS each x2 < /* ,> 
22.5.2 Fuel processing system 0.5 (g/dr 7 

22.5.3 Fuel storage 3.709 
22.5.4 Atmospheric tritium recovery 0.2 (m 3 / h ) u - e 

22.5.5 Water detritiation system: 
TITAN-I, ARIES-I 5 
TITANJI 140 
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Table 2.3-VII (Cont'd) 

Acct. No. Account Title Cost (MS, 1980W) 

22.6 Other reactor plan* equipment 1.09 x 10- : > Prn 
22.7 Instrumentation and control 23.41 

23 . Turbine Plant Equipment 
23.1 Turbine generators 59.9(JV/71uOO)°-T 

23.2 Main steam system 4 . 8 0 ( J Y H / 2 8 6 0 ) 
23.3 Heat rejection systems 0.0632(J*™--PET)" ' 8 

23.4 Condensing system 1 3 , 8 ( i W l 0 0 0 ) u ' u 

23.5 Feed heating system 7 . 5 5 ( P T M / 2 8 6 0 ) 

23.6 Other turbine plant equipment 4 0 . 9 ( P £ 7 / 1 0 0 0 ) U G 

23.7 Instrumentation and contral 7.8(P/;7-/1000)u••' , 

24. Electric Plant Equipment 
24.1 Switchgear 8.6(P/.; 7/1000) 
24.2 Station service equipment 14.2(P E 7 /1000) 
24.3 Switchboards 5.4 (P s-r/1000) 
24.4 Protective quipment 2.11 
24.* Electrical structures and wiring containers 11,12+ 6.28 ( P E T / 1 4 4 0 ) 

24.6 Power and control wiring 23.0 +13.0 (P E 7 / 1440 ) 
24.7 Electrical lighting 8.2 

25. Miscel laneous Plant E q u i p m e n t 
25.1 Transportation and lifting equipment 15.68 
25.2 Air and water service systems 12.35 
25.3 Communications equipment 6.22 
25.4 Furnishings and fixtures 1.20 

26. Special Materials 
26.1 Reactor LM coolant/breeder:'1*' 

PbLiW (7.83/a, + 2.46) x 1 0 - 3 M I A / 

Lit" (1169/s^ +58.0) x 1Q-3M,M 

26.4 Other 0.25 
26.5 Reactor-building cover gas (Argon)^"'1' 0.13 
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Table 2.3-VII (Con t ' d ) 

Ac"ct. No. Account Title Cost (MS, 198QfF>) 

GO. Total Di rec t Cost ( T D C ) 

9 1 . Cons t ruc t i on Services and E q u i p m e n t (10% of T D C ) 

92. H o m e Office Eng inee r ing and Services (10% of T D C ) 

9 3 . Field Office Eng inee r ing and Services (10% of T D C ) 

94. O w n e r ' s Cost ( 5 % of T D C ) 

95 . P roces s Cont ingency ( 5 % of T D C J W 

96. P ro j ec t Cont ingency (10% of T D C ) 

97. In t e res t du r ing Cons t ruc t i on ( IDC) 

9 8 . Esca la t ion dur ing Cons t ruc t ion ( E D C ) 

99. Tota l Cap i ta l Cos t ( T C C ) 

("^Gross electric power, PET, net electric power, Pjry and total thermal power, PTII, 
are given in MW. Volumetric, V, (m 3 ) or corresponding mass, M, (tonne) unit costs 
for the FPC and related items are given as follows: 

Reactor building, VRB = 4 (Br + r, + 9) 2(6r„) + 1.55 x 10 5 (m s ) ; 
Blanket structure (5%), MBL (tonne); Shield, MSHD (tonne); 
Magnet coils, Mc (tonne); Structure, Vsrn (m 3 ) ; 
Vacuum tank, MVAC = (Q.07)(7.8)2ir[{RT + r, + 3) 2 + 4r3(/t + r , + 3)] (tonne); 
Divertor-plate surface area, ADIV (m 2 ) . 

<6>See Ref. [2] for detailed TTTAN design cost summaries. 
<c)l980 costs are multiplied by 1.424 to yield 1988 costs. 
(^Liquid metal, MLh! (tonne): 6 Li enriched, 0-075 < f*u < 0.90 [59]. 
W Applicable to CRFPR. 
'^Applicable to TITAN-I, 
'^Applicable to TITAN-II. 
( / l ) Not applicable to ARIES-I. 
<°c/. t Eq- (2.3-4). 
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charge (Acct. Nos. 40-47, 51), previously estimated [50, 53] to be ^ 2 % of the direct cost, 
or scaled by (61] 

CW(M$/y) = 69.2 (PE/1200 ) 0 5 (2.3-5) 

for the ARIES study. 

Some historical drift in ths financial parameters used to estimate the indirect, interest, 
and contingency costs are summatized in Table 2.3-VIII. This drift complicates making 
cost comparisons between published fusion-reactor results if adjustments for differing 
assumptions are not made. Updates reflect, for example, changes in U.S. tax rates [56, 
62], Comparisons with competitive fossil and fission energy sources are facilitated by a 
common set of modern financial guidelines. 

Table 2.3-VIII. 
Evolution of Financial Parameters 

Reference (a) (b) (c) (d) (e) 

Fixed charge rate (constant dollars) 0.10 0.10 0.08 0.0844 0.0966 
Fixed charge rate (then-current dollars) 0.15 0.15 0.136 - 0.1638 
Inflation/cost escalation late (y "') 0.05 - 0.06 0.06 COG 
Effective cost of money ( y - 1 ) 0.05 - 0.042 0.09 . 0.0605 

Interest during construction'-'* 0.1290 0.1303 0.1124 - 0.1652 
Indirect costs (x TDC) 0.35 0.23 0.35 0.375 0.35 
Project contingency costs (x TDC) 0.0 0.0 0.10 0.20 0.10 

MRef. [53]. 

WSTARFIRE [54]. 
<C>TITAN [2, 49]. 

WESECOM/GENEROMAK [10, 37]. 
WARIES-I [62]. 
'•"Design and construction lead time, r c = 6 y. 



2.4. DESIGN POINT DETERMINATION 2-33 

2.4. DESIGN POINT DETERMINATION 

2.4 .1 . Safety Factor Var ia t ion: B e t a vs M a g n e t i c Field 

Based on considerable theoretical and experimental effort in recent years, confidence 
has increased that tokamaks may be operated continuously with the equilibrium toroidal 
current, J^, generated by RF waves [63]. Furthermore, recent studies have indicated that 
RF current drive is marginally acceptable for a commercial reactor [64] in agreement 
with earlier estimates [65]. Emphasis is placed now on improving the performance of 
large, current-driven tokamaks. The effort in the current-drive theory has been generally 
aimed at maximizing the local ratio of driven parallel current density to absorbed RF 
power, j\\/pnr- A more relevant parameter for a reactor is the plasma <2P (ratio of the 
fusion power, PF, to the absorbed RF power, PRF). Recent work [66) has shown that the 
RF current-drive power can be lowered by adjusting the MHD equilibrium in order to 
maximize the bootstrap-current contribution. This work departs from previous studies 
in two respects: (1) the RF current drive is calculated self-consistently for specified 
equilibria that have been explicitly shown to be stable and (2) MHD equilibrium is 
chosen to optimize the bootstrap-current contribution while retaining stability. 

One way of modifying the MHD equilibrium to reduce the current-drive power would 
be simply to reduce 1$ for a fixed toroidal beta, 0 = 2 / i 0 p / B | (B$ is the vacuum magnetic 
field at the major radius, R?; and p is the volume-averaged pressure). However, the 
theoretical and experimental efforts [20] in the past decade have shown that the minimum 
ratio of current to beta is limited to 

^ = RTB^ACT), (2.4-1) 

where A is the aspect ratio, and the Troyon coefficient, C/, is on the order of 0.03 T m/MA. 
It should be noted that theoretical MHD studies predict a "second stability" region (67] as 
the poloidal beta increases, in which case 1$ can be reduced below the limit of Eq. (2.4-1). 
Here, poloidal beta is taken to ue /?/ = 2/i„p/ (fi0I<i>A/2nRrS)2, where S = c/(2ira), a is 
the plasma minor circumference, and a = Rr/A, Because of a lack of experimental data 
for second stability with high J3, this regime of operation was ruled out for the ARIES-I 
design. 

The alternative approach is to simultaneously reduce 1$ and /3 while keeping the 1^/0 
ratio fixed at the value given by Eq. (2.4-1) and holding the plasma pressure constant. 
This can be done by increasing qoi the safety factor at the magnetic axis, which is, in fact, 
another way of increasing /?/. As qB increases, the bootstrap contribution to the current 
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increases and can exceed 80% even for the relatively flat density and pressure profiles 
that might characterize a reactor. Even though raising q„ in an ohmically driven device is 
difficult, because the current tends to peak sharply in the center where the temperature 
and conductivity are highest, increased q0 is feasible in an RF-driven device. Several 
non-inductive current-drive experiments [68-70) have, in fact, demonstrated this ability 
to modify the safety factor. In addition, more experimental evidence that shows that 
bootstrap currents do contribute substantially to the total current at high values of /3; is 
becoming available [69 , 71 -73]. 

A disadvantage of this approach is that the magnetic field must increase as 0 decreases 
in order to keep the plasma pressure and fusion power constant. However, the reductions 
in current-drive power can be dramatic because a smaller amount of current needs to 
be driven. The relative costs of magnetic field and current drive for a particular device 
determine the attractiveness of this option. Indications exist that the trade-off is favorable 
as long as the field is not too large [74], 

In order to illustrate these points, equilibria were compared for tokamak reactors 
having the same Pp and the same physical dimensions. The pressure, temperature, 
density, and impurity content were all held constant when comparing equilibria and 
calculating the current-drive requirements. Holding the plasma pressure constant implies 
that this set of equilibria satisfy 

PBl = K\ (2.4-2) 

where K is constant. 

Several degrees of freedom are left in the equilibrium calculation, and parameters 
had to be chosen carefully in order to achieve MHD stability. A simple, broad pressure 
profile, p(4>) = Po^t where TJI is the normalized poloidal-flux function, was used with 
a = 1.4. The diamagnetism was specified as RB = F [•>]>) = R0B„ ( l - S^"^'2, These 
choices give conventional, peaked, current profiles and ensure that the current density 
vanishes at the limiter boundary (4> = 0). The peak pressure, p0, is determined by Pr, 
and the parameters S and ar were chosen to produce a series of equilibria for each value 
of q0. The edge safety factor, q, was adjusted from a low value until ideal n = 1 stability 
(with the conducting wall far from the plasma) and n —• oo ballooning stability were 
both achieved. The kink stability was calculated using the PEST-2 code [75], and the 
ballooning stability was calculated with the Phillips ballooning code [76]. These equilibria 
were constrained to satisfy Eq. (2.4-1) with Cr = 0.030 Tm/MA, as expected for highly 
elongated plasma cross sections [76). 
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The three equilibria with parameters given in Table 2.4-1 were chosen as representative 
of the issues involved and are near the limit for n = 1 kink stability. The case with 
q0 = 2.07 was found to be stable to n = 1.5, 2, and 3 toroidal modes as well. The 
equilibrium with q„ = 1.07 was in the first stability regime for ballooning, but near the 
limit (shown in Fig. 2.4-1). For the other two equilibria, the unstable region between the 
first and second stability regimes (Fig. 2.4-1) has shrunk to zero, so a stable access to 
higher (3 exists for these cases with regard to ballooning modes. All three equilibria are 

Table 2.4-1. 
M H D Parameters and Current-Drive Requirements 

of Three Representative Equilibria^*' 

9c 1.07 1.60 2.07 

96 3.56 6.24 8.47 

/„ (MA) 11.3 8.81 7.58 

0(%) 3.23 1.98 1.51 

* . ( T ) 10.5 13.4 15.3 

0i 2.00 3.27 4.40 

PRF (MW) 348. 269. 233. 

7 (10 2 u MA/MW-m 2 ) 0.34 0.38 0.37 

P$F (MW) 223. 97.7 46.8 

7 e (10 2 u MA/MW-m 2 ) 0.59 1.05 1.99 

g» = PF/PgF 11. 24. 50. 

'For equilibria stable to n = 1 kink and n - » o o ballooning modes. Values with a 

superscript B include the bootstrap contribution. All cases having R0 = 6.0 m, 

A = 6.0, elongation = 2.25, 5 = 1.69, CT = 0.30 T m / M A , and the same 

plasma parameters: ne = 1.9 x 10 2 u m - 1 , nco = 2.7 x 10 2 u m " a , fc = 16 keV, 

Tco = 42 keV, and ZeU = 1.5, resulting in PF = 2360 MW with DT fuel. 
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NORMALIZED POLOIDAL FLUX,y 

F i g u r e 2 .4 -1 . Phillips diagram [76] for the case q0 = 1.07. The ballooning-unstable 
region for each flux surface in the plasma is predicted (shaded). As long as —p'(V') I s 

below this region, the equilibrium is stable in the first stability regime. The second 
stability regime is above this region. No ballooning-unstable regions were found for the 
other two cases shown in Table 2.4-1. 

robust in the sense that nearby equilibria with similar values of the safety factor are also 
stable for the value of Cy assumed. However, the n = 1 kink instability can arise when 
q is in a narrow range around an integer [76]; this result underscores the desirability of 
carefully controlling the safety factor with the RF current drive. 

The existence of MHD equilibria with desirable stability properties was established 
and checked to determine whether they could be created with RF current drive. Sim
ulations based on experimentally calibrated transport models [77] suggest that density 
profiles may be rather flat in a reactor. Electron densities of the form n t (^ ' ) = n„,i/' a" and 
temperature profiles of the form T^ip) = TeoipaT were used with Q„ = 0.3 and a j = 1.1. 
The RF current drive was provided by two different waves: (1) the lower-hybrid slow 
wave at 8.0 GHz, which suffers strong Landau damping and thus generates current only 
near the plasma edge and (2) the fast wave, which is known to couple well to electrons at 
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high density and temperature [78-80] and can provide the current density in the plasma 
interior. 

Following the method of Ref. [64], a set of rays was selected for each equilibrium and 
the required RF power in each ray was calculated; a least-squares fit to G(V') = {5\\B)1(B'') 
from the equilibrium was made in order to duplicate the cases in Table 2.4-1. Seven rays 
were used for these calculations, which were able to match the important equilibrium 
quantities such as the current density and safety factor to about 5% or better; additional 
rays would give a closer match at the expense of more computer time. The current drive 
was calculated with and without the bootstrap contribution, and the results are sum
marized in Table 2.4-1. When the bootstrap contribution is not included, PUF decreases 
modestly in proportion to 1$ as q0 increases. This trend is expected from the relationship 

PHF = ±^k, (2.4-3) 
7 

where previous work (64] has shown that 7 is a function only off,, and Zrjj. 

The full benefit of the high safety factor is evident when the bootstrap current is 
included [33]. As shown on Pig. 2.4-2, the bootstrap contribution to G(V>) for the case 
q0 — 1.60, is a substantial portion of the total current requirement. The RF-driven cur
rents only need to supply the remaining fraction of the total, thereby greatly reducing 
the RF power requirements. The large decrease of bootstrap-aided current-drive power, 
Pjif, as <7(„) increases is shown in Table 2.4-1 and in Fig. 2.4-3. This decrease may be 
explained heuristically by rewriting PRF from Eq. (2.4-3) along with Eqs. (2.4-1) and 
(2.4-2) as PRF = ne Rj Ky/8/(ACr~t)- This formula shows the benefit of increasing Cr 
or reducing /3 and can be modified to display the influence of the bootstrap effect by 
expressing 0 in terms of /?/ and by defining T = 1 — (j/y8) = 1 — [PRC- I Pm-j as the 
bootstrap "fraction" of the total current. The result is 

PB _ 5 x l O » ( n g f l j . S * ) ( l - r ) 
PRF ~ A-iVft • { 2 A ) 

Since the bootstrap current remains constant for fixed density and temperature profiles, 
Q increases as the required equilibrium current, /^, decreases. The dependence of Qp as 
a function of/3; is plotted ir Fig. 2.4-3. Calculations [33] with ga « 1.1 (Fig. 2.4-3) have 
previously quantified the monotonic increase of Qv with /3/. Based on Eq. (2.4-4), the high 
pi values associated with a high safety factor lead to large reductions in / ,

ffF. It can be 
seen that T > 0.8 can be achieved even with rather flat density profiles, given a sufficiently 
large safety factor. This result can lead to tokamak reactors with Qp s; 25 — 50 compared 
to Qp =; 7 — IS [64] without the bootstrap contribution. 
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NORMALIZED POLOIDAL FLUX.y 

Figure 2.4-2, Contributions to the current density for the case q„ = 1.60. The solid 
line is the required G(V>) = U\\B}/{B2} for the specified equilibrium. The chain-dashed 
curve is the bootstrap contribution, and the other curves are the contributions for each 
of the RF waves. The dotted curve is the total, which matches the required G(il>). This 
example had 16 MW of slow waves with Tj|i = 1.5 — 3.2 and 32 MW of fast waves with 
7J|| « 1.2. 

In conclusion, specified MHD equilibria with desirable stability properties were repro
duced numerically by launching properly tailored RF power spectra. With RF current 
drive, it is not necessary to constrain the safety factor to profiles typical of ohmic cur
rent drive (q0 =s 1.0). Increasing the safety factor while maintaining stability can provide 
large bootstrap contributions to the current, even assuming flat density profiles. This 
approach greatly reduces the current-drive requirements. A possible drawback is that 
the toroidal field would have to increase to maintain the same fusion power for a reactor. 

2.4.2. T e m p e r a t u r e Var ia t ion: C u r r e n t - D r i v e Power vs Fusion Power 

Key issues in optimizing steady-state tokamak-reactor design concern the variation of 
fusion power and current-drive p *r with the plasma temperature. In order to quantify 
the trade-ofTs, it was necessary to Know the dependence of the normalized current-drive 
efficiency, 7, on plasma temperature. The values of 7 (Tc) and j B (TCJ are calculated 
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circles correspond to equilibria in Table 2.4-1 and the solid diamond is an additional case 
for A = 4.7, K = 1.6, and qa = 1.4. 

with self-consistent fast-wave currents and 2-D MHD equilibria (superscript B indicates 
quantities in the presence of bootstrap currents). 

The RF current-drive model described in Sec. 4.4 includes magnetic trapping ef
fects and also includes the Alfven-wave-type damping associated with low-frequency ion-
cyclotron range-of-frequency (ICRF) fast waves. Also, the bootstrap current is calculated 
with the best available model, as is described in Sec, 4.3. These new results are thus 
more accuiate than previous estimates of "y and 7 s [33, 64]. The geometry is the ref
erence ARIES-I: RT = 7.245 m, a = 1.555 m (95% flux surface), « = 1.6, 8 = 0.5. The 
equilibrium is also the reference: pressure, /? = 1.9%; axis safety factor, q„ ?z 1.3; and 
Ztjj = 1.6, with a broad density and narrow temperature profile (Sec. 3,5). 



2-40 SYSTEMS STUDIES 

> o z UJ 
o N 

LL £ 

V
E

E
F 

A
/M

W
 

cc 2 
9 o 

CSI •- O 
z T» 
Ul n FT ..<> DC LL 
D t-
O a. 
Q _ • & 

UJ 4) 
N c _J II 
< s t » -

DC 
o z 

0.3 

0.2 

0.1 

T 
HIGH-FREQUENCY FAST WAVE; 
LANDAU-DAMPING; 
NO ELECTRON 
TRAPPING; Z.» = 1.5 

LOW-FREQUENCY FAST WAVE; 
TRANSIT-TIME MAGNETIC PUMPING; 
INCLUDES ELECTRON TRAPPING; 
2« f l=16 
(A = 4.5.qo = 1.3,aT = 1.1,an=0.3) 

_L _L 
0 5 10 15 20 25 

VOLUME-AVERAGED ELECTRON TEMPERATURE, T e (keV) 
Figure 2.4-4. Calculated normalized current-drive efficiency (points) in the absence 
of any bootstrap effect, including electron trapping for low-frequency fast waves with 
transit-time-magnetic pumping, for ARIES-I. The solid curve is the prediction of earlier 
theory [64j. 

The first task in this study was to calculate the power balance, plasma density, and 
fusion power for a range of temperatures {Tc = 4 — 22 keV) with a fixed magnetic field 
(Bj, = 11.6 T), and plasma current (I^ = 11.0 MA). Confinement times were adjusted 
such that T{ s» Tt> the a-particle density was set at 10% of the fuel ions, and oxygen 
content was adjusted so Zcfj — 1.6. In addition, the electron complement time was 
adjusted until the auxiliary heating power was roughly consistent with the current-
drive power. For fixed beta and magnetic field, the fusion pewer density peaks at 
T; « Te s; 6 keV [7]. However, the electron density is very high at low temperatures 
(n, = 5 x 10 2 0 m~ 3 at 6 keV), which presents a problem for noninductive current drive. 

The second step in this study, therefore, made an explicit calculation of 7 and j B 

at several points over the temperature range. An additional penalty to the high density 
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operation at low temperature is the inherent dependence of q on fe. Results are shown in 
Fig. 2.4-4 as discrete points and are compared with the simple scaling of 7{fc) previously 
developed [64]. Whereas the Alfven-wave/transit-time magnetic-pumping current-drive 
mechanism raises q relative to the Landau damping mechanism, the electron-trapping 
effect reduces q relative to the simple field result. These effects tend to offset each other, 
with the fortunate result that the simpler scaling of - ,(f e ) is an acceptable approximation 
to the improved calculation. 

The same series of equilibria were generated with the bootstrap current included. 
The fractional reduction in current-drive power, T, resulting from bootstrap effects [81] 
is plotted in Fig. 2.4-5; this result is compared with the previous predictions [33]. At 
all temperatures Te above 15 keV, both calculations agree ( r ~ 0.65) and depend only 
on profiles and poloidal beta and, to a smaller extent, on ZCjj and aspect ratio. The 
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Figure 2.4*6. Plasma performance and current-drive power at different temperatures for 
ARIES-I {RT = 7.3 m, B« = 11.6 T, 0 = 0.019, 7* = 11.0 MA, and ZeJJ = 1.6). Plotted 
are fusion power, PF\ average 14-MeV-neutron wall load, /„,; bootstrap-aided current-
drive power, Pcpi a n t l n e t electric power, Pg. 

calculations show, however, a sharp decrease in Qp as the temperature is reduced below 
~10 keV. This decrease results from increased collisionality since the bootstrap-current 
coefficients diminish as more of the plasma enters the plateau regime. 

Using the above results for the current-drive efficiency and the bootstrap fraction, 
Fig. 2.4-6 shows the plasma performance and current-drive power as function of the 
plasma temperature. The bootstrap-aided current-drive power, PQJJ, is modest at the ref
erence ARIES-I temperature (~100 MW) but grows quickly as fe is reduced (~1000 MW 
at 6 keV). Hence, the circulating power fraction is minimized at high temperature (82] 
( Q p = PF/P§D > 20 at % = 18 keV, while Qp < 10 at % = 10 keV). However, the net 
electric power is at a maximum at the lower temperature, Tr < 10 keV, using parameters 
similar to those of the final ARIES-I design: current-drive system efficiency, TJCD = 0.71, 
blanket neutron-energy multiplication, MN = 1.28, and thermal conversion efficiency, 
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f\TH =• 0.47. There are additional engineering penalties associated with low temperature 
operation, specifically a high neutron wall load (Iw > 4 M W / m 2 ) and high heat load on 
the divertor (a-particle power plus largs current-drive power). In fact, the STARFIRE 
study demonstrated [54, 82] that the minimum cost of power will occur at some inter
mediate temperature between the maxima in Pp; and Qp. The reference temperature for 
ARIES-I (f ~ 17 keV) also reflects this trade-off. 

2.4.3. P a r a m e t r i c Resu l t s 

The results of Sees. 2.4.1 and 2.4.2 establish the plasma engineering basis of the 
ARIES-I design point on a self-consistent modeling framework. Using interim ARIES-I 
parameters, an extensive parametric survey was performed and summarized in Ref. [74j. 
General trends of this analysis also remain valid for the reference ARIES-I design. At 
that point in the ARIES-I study, an advanced Nb 3(A£,Ge) TF-coil conductor with a 
46-T critical field was under consideration, leading to a design point with B$c = 24 T 
at A — 4.5. The advanced Nb a(Af,Ge) superconductor is presently available only in the 
form of tape conductors. Losses in the tape conductor were found to be large during a 
disruption such that the TF coils would probably quench. Therefore, subsequent effort 
in the ARIES study has considered using a ternary Nb 3Sn TF-coil conductor with an 
~26-T critical field, leading to a design point with B$c = 21 T, again at A = 4.5. 

Generally speaking the cost of the tokamak reactor (for any .4) increases as its size 
increases (i.e., larger a or Rj with fixed A). Small values of a are associated with 
higher values of Bfo and 5 ^ c , resulting in a thicker build of the TF-coil inboard leg and 
a thicker bucking cylinder. Low values of A yield higher values of f3 and reduced B&. 
The correspondingly higher values of 1$ result in higher Pea and, together with a lower 
bootstrap-current fraction (fnc = IBV/I&), yield lower values of Qg. Higher values of 
B^c at higher A are associated with a more massive coil set and lower MPD values. The 
costs of more massive coils at higher A trade oft with the dominant costs of current drive 
at low A to minimize the COE near A ~ 4.5. The trade-off between FPC cost, reflected 
in MPD, and recirculating power cost? associated with current drive, reflected in Q/-;, is 
a recurrent theme in optimizing the tokamak reactor that, for the unit costs assumed, 
generally favors high MPD at the expense of reduced QE for a given A. Low values of 
QE also result in increased thermal-cycle and electric-power-generation costs, not in the 
FPC it6elf, but in the balance of plant. 

Economies of scale [83, 84] built into the cost model (Sec. 2.3) suggest some incen
tive for larger plant sizes (e.g., 1200 MWe cf., STARFIRE [54]). Conversely, economic 
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Figure 2.4-7. Projected COE as a function of plasma aspect ratio. The net plant output 
is fixed at P E = 1000 MWe, peak TF-coil field at B^ = 21 T, and TF-coil allowable stress 
at CM = 1000 MPa. The COE exhibits a shallow minimum (~65 mill/kWh) for A ~ 4.5. 
The ARIES-I design point is denoted by the filled circle. 

considerations of utility "coverage ratios" and other technical considerations (e.g., diver-
tor performance) suggest smaller plant sizes. A nominal value of Pg = 1000 MWe was 
selected for ARIES-I similar to TITAN-I [2] (actually ~970 MWe). 

Figure 2.4-7 displays the ARIES-I projected COE as a function of aspect ratio, .4, for 
a fixed net electric power output, PE — 1000 MWe. The peak TF-coil allowable stress 
is <Tau = 1000 MPa. Mass power density (MPD) is typically lower at higher A as the 
required higher toroidal field leads to more massive TF-coils at lower j$c (MA/m 2 ) and 
the engineering Q-value is higher, reflecting lower current-drive power as plasma current 
decreases. Divertor-plate plasma temperature and peak heat flux are monotonically lower 
as A increases. Average neutron wall load increases as A increases. The COE exhibits a 
shallow minimum near ~65 mill/kWh for A = 4.5. 
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The sensitivity of the ARIES-I design point to plasma and plasma engineering assump
tions and technological performance were also investigated (Fig. 2.4-8 through 2.4-11). 
Figure 2.4-8(A) displays the COE as a function of the Troyon coefficient, C r (/3 <x CT)-
It may be possible to increase Cr for fixed aspect ratio, A, and safety factor, q, by op
timizing anci controlling the plasma profiles. The bootstrap-current fraction, fgc-i a n < i 
current-drive efficiency, 7, are fixed at the reference values. The peak field on the TF coil 
is also fixed at its nominal value, B^ = 21 T. Lower values of CT (i.e., lower 0) result 
in higher COE values. The gain to be obtained from higher Cj values is significant, but 
less pronounced. Figure 2.4-8(B) plots projected COE as a function of FWCD wall-plug 
efficiency, rjco- As TJCD increases, there is a direct reduction in the cost of cuirent-drive 
power as well as less-obvious cost reduction in the overall thermal cycle as Qg increases. 
However, the leverage on COE available to incremental changes in ijco , B fairly modest 
because the ARIES-I overall design approach has been successful in reducing the plasma 
current by operating at high A, by increasing the bootstrap fraction, and by using high 
magnetic field. For the reference ARIES-I design, the current-drive cost is ~$100 M and 
plasma Q- value is 20. 

Figure 2.4-9(A) illustrates the interaction of peak field on the TF coil, B&, and MPD. 
The MPD increases as a function of B^ from ~60 kWe/tonne at 13 T to ~100 kWe/tonne 
at B^c i : 21 T, representative of the ARIES-I design point. Access to higher fields using 
more advanced conductors or structures than invoked for ARIES-I would continue this 
improvement. Of course, increased MPD is not an end in itself and improvements in MPD 
are limited by the peak heat load and other constraints. Rather, increased MPD is used 
as a predictor of improved COE performance [38, 44], as indicated in Fig. 2.4-9(B), The 
COE decreases as a function of increasing MPD values for ARIES-I as well as for many 
other fusion reactor concepts. Finally, displaying the same information in Fig. 2.4-10, 
the COE is plotted as a function of B^. 

The impact of MPD on the direct cost of major components of the ARIES-I is shown 
in Fig. 2.4-11. Consistent with Fig. 2.4-9, MPD increases as peak TF-coil field increases 
and the FPC size (mass) decreases for fixed A = 4.5. The magnet cost, dominated by the 
TF-coil set, remains unchanged. First wall, blanket, and shield costs do drop for smaller 
reactors at higher MPD. The current-drive and main heat-transport costs are decoupled 
from MPD to first order. The cost contribution of reacior equipment (Acct. No. 22.1) to 
reactor plant equipment (Acct. No. 22) is ~74%. The ratio of reactor plant equipment 
to total direct cost is RPE/TDC ~ 6 3 % . Total direct cost (Acct. No. 90) is projected to 
be ~$2.1 B (1988) and the total capital cost (Acct. No. 99) ia ~$3.6 B, for a "tenth-of-a 
kind" plant, including future learning-curve cost credits. 
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Figure 2.4-10. Projected COE as a function of peak TF-coil field strength 
{PE = 1000 MWe, <raU = 1000 MPa, fBC = 0.68, Y = 0.33 x 10 2 0 A/W-m 2 , and 
A = 4.5). The ARIES-I design point is denoted by the filled circle. 

In terms of confinement phyBics extrapolation, the ARIES-I design point is displayed 
in Fig. 2.4-12 for a range of confinement-time enhancement factors, H' = r ^ / r ^ , obtained 
by applying a number of proposed semi-empirical scaling relations [5, 16]. Included are 
the relations proposed by Goldston, Kaye and Goldston, Kaye (Kaye-Big, Kaye-All), 
Rebut and Lallia, Riedel and Kaye, Odajixna and Shimomura (JAERI), together with 
ITER power law (ITER89-P) and offset linear (ITER89-OL) scaling [5], The required 
enhancement factor ranges from ~1.8 to 3.3 as shown for the nominal ARIES-1 confine
ment time, TE — 2.4 s at JRAD = 0.5. It should be noted that several of the relations 
predict more required enhancement at larger values of a {i.e., lower B^). 

The ARIES-I study explores one of the possible approaches for improving conven
tional DT-tokamak reactor performance and in order to reduce the current-drive power 
requirements of steady-state operation [85, 86]. It is not possible to present here a com
prehensive exposition of every parametric study performed that led to the selection of 
the reference ARIES-I conceptual design point. Nor is it claimed that all potential sensi-
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tivities have been exhaustively explained. Rather, an attractive design window for first-
stability tokamak reactor operation has been identified. Tokamaks in this design window 
operate with a relatively high aspect ratio, low plasma current, and high magnetic field. 
Future technical development and physics optimization can exploit this approach. 

2.4.4. ARIES-I Reference Design 

The interaction of the parametric modeling described in Sec. 2.4.3, and the de
tailed design activities of the ARIES project as a whole, led to the selection of the 
ARIES-I reference design, as summarized in Table 2.4-II. The nominal net electri
cal power output is P^ = 1000 MWe; the plasma aspect ratio is A = 4.5 at a major 
toroidal plasma radius of RT = 6.75 m; the peak TP-coil magnetic field is B^ = 21 T; 
and the Troyon-limited toroidal beta is f3 ~ 1.9% leading to a modest plasma current 
of lj, = 10.2 MA and current-drive power, PCD — 97 MW. The recirculating power frac-
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Table 2.4-II. 
Parameters of the ARIES-I First-Stability Tokamak Reactor 

Aspect ratio, A = Rj/a 4.5 
Major toroidal, radius, Rj (m.) 6.75 
Plasma minor half width, a (m) 1.50 
Plasma vertical elongation, K = b/a 1.8 
Plasma-edge safety factor, q 4.50 
Troyon coefficient, Cr 0.032 
Plasma toroidal beta, p 1.92% 
Plasma temperature, 7), ~ T, (keV) 20 
Plasma ion density, n, (10 2 u /m 3 ) 1.24 
Plasma electron density, ne (10 2 o /m 3 ) 1.45 
Lawson parameter, n,rE (102° s /m 3 ) 2.9 
Goldston confinement-time multiplier, HQ 2.2 
ITER-89P confinement-time multiplier, H69p 2.6 
Plasma Q-value, Qp = PF/PCD 19.9 
On-axis toroidal magnetic field, B^ (T) 11.3 
Peak TF-coil magnetic field, B^ (T) 21.0 
Stored magnetic energy, WB<J> (GJ) 132 
Plasma toroidal current, 1$ (MA) 10.2 
Bootstrap-current fraction, fsc 0.68 
Current-drive efficiency, 7 (10 2 u A/W-m 2 ) [A/W] 0.33 [0.034] 
Absorbed current-drive power, Pcu (MW) 97 
14.1-MeV-neutron wall loading, /,„ (MW/m 2 ) 2.5 
Fusion power, Pp (MW) 1,925 
Thermal power, PJH (MW) 2,544 
Gross electric power, PET (MW) 1,246 
Net electric power output, PE (MW) 1,000 
Recirculating power fraction, 1/Qt 0.198 
Magnet costs (MS) 392 
Current-drive costs (MS) 104 
First-wall/blanket/shield costs (M$) 338 
Total direct cost, TDC (MS) 2,140 
Unit direct cost, UDC (S/kWe) 2,140 
Total cost (M$) 3,617 
Cost of electricity, COE (mill/kWh) 65.3 
Mass power density, MPD (kWe/tonne) 99 
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tion is € = I/QE - 20%; the average neutron wall load is /,„ ~ 2.5 MW/m 2 ; the MPD 
is 99 kWe/tonne; and the projected COE is ~65 mill/kWh, using "standard" finan
cial assumptions. For comparison, the corresponding values for "median-experience" 
and "better experience" fission pressurized-water reactors (PE = 1100 MWe) are 78 and 
46 mill/kWh, respectively, developed on the same cost-accounting basis. Coat-fired 
plants (PE = 2x 550 MWe) costs are projected at 50 mill/kWh [56, 87]. The cost of 
the ARIES-I reactor are summarized on Table 2.4-III. 

Standard assumptions (Sec. 2.3) regarding construction time ( r r = 6 y), plant avail
ability (p/ = 0-76), economies of scale, and operation and maintenance charges are used 
to estimate the constant-dollar (1988) COE. The sensitivity of ARIES-I costs to assumed 
construction time, rC} is summarized in Table 2.4-IV. Without developing a detailed con
struction schedule, the ARIES-I lead time is taken to be six years, in common with the 
times of the STARPIRE [54], MARS [60], and TITAN [2] studies. 

Figure 2.4-13 summarizes the ARIES-I design space and exhibits the economy of scale 
associated with plant size. Reactors to the left of the chain-dashed line are physically 
smaller and have higher neutron wall load and MPD, but require technology beyond that 
of ARIES-I to achieve B& > 21 T. The incremental COE savings at higher P E , taking 
advantage of the economies of scale, implies more severe divertor-plate loads, 

In the cost estimates for ARIES-I, no safety-assurance cost credits [37] have been 
taken, which may be expected to result from the use of low-activation materials. These 
credits lower the reported COE by 20% to 25%, as suggested in Table 2.4-V, by using the 
passive-safety cost credits summarized in Table 2.3-VI. A more restrictive application 
of the passive-safety cost credits (which retains N-stamp costs for the TF coils, blanket, 
and main heat-transport system) results in a more modest ~14% reduction in projected 
COE. 

To summarize ARIES-I costs, Fig. 2.4-14 displays estimated COE as a function of 
peak TF-coil magnetic-field strength, B$L.. The nominal ARIES-1 TF-coil unit cost is 
$90/kg. The impact of different TF-coil unit costs are also shown. For comparison, 
a conceptual 1000-MWe ITER extrapolation (A ~ 3) using nearer-term 14-T TF coils, 
consistent with Refs. [88] and [89], are shown with COE ~ 90 mill/kWh. ARIES-I rep
resents a significant improvement of the tokamak approach, given the availability of high 
field-coil technology and physics performance with high radiation fraction, fn.\u — 0.5, 
and large bootstrap-current contribution, fsc = 0.68. Also, a preliminary result for the 
second-stability-regime ARIES-II (0 ~ 16%) is included, although work on this tokamak 
approach is ongoing [11] and COE values may change. 
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Table 2.4-III. 
ARIES-I Systems-Code Cost Summary (1988 $) 

Acct. No. Account Title Million Dollars 

20. Land and land rights 5.3 
21. Structures and site facilities 339.3 
22. Reactor plant equipment (RPE) 1,362.8 
22.1.1 Blanket and first wall 260.3 
22.1.2 Shield 77.3 
22.1.3 Magnets 392.3 
22.1.4 Supplemental heating systems (current drive) 103.9 
22.1.5 Primary structure and support 63.6 
22.1.6 Reactor vacuum systems (unless integral elsewhere) 32.2 
22.1.7 Power supply, switching, and energy storage 51.3 
22.1.8 Impurity control 7.9 
22.1.9 Direct energy conversion system N / A 
22.1.10 ECRH breakdown system 23.0 
22.1 Reactor equipment 1,011.8 
22.2 Main heat transfer and transport system 229.7 
23. Turbine plant equipment 245.3 
24. Electric plant equipment 137.1 
25. Miscellaneous plant equipment 50.5 
26. Special materials 0.6 
90. Total direct cost 2,140.7 
91. Construction services and equipment (10%) 214.1 
92. Home office engineering and services (10%) 214.1 
93. Field office engineering and services (10%) 214.1 
94. Owner's costs (5%) 107.0 
96. Project contingency (10%) 214.1 
97. Interest during construction (IDC) 512.8 
98. Escalation during construction (EDC) 0. 
99. Total capital cost 3,616.9 

Constant Dollars 
90] Unit direct cost, UDC (S/kWe) 2,140.8 
94] Unit base cost, UBC (S/kWe) 3,104.1 
99] Unit total cost, UTC ($/kWe) 3,616.9 

Capital return (miU/kWh) 52.6 
40-47,51] O&M (1.4%) (miU/kWh) 6.7 
[50] First-wall/blanket replacement (mil l /kWh) 5.6 

Decamissioning allowance 0.5 
[02] Deuterium fuel (mil l /kWh) 0.04 

Cost of electricity, COE (miU/kWh) 65.3 
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Table 2.4-IV. 
Impact of Construction Lead Time1*") 

Lead Time (y) fwc Total Cost (MS) COE (mill/kWh) 

4 0.1118 3,451 62.9 
5 0.1381 3,533 64.1 
6 W 0.1652 3,617 65.3 
7 0.1931 3,703 66.6 
8 0.2219 3,793 67.9 
9 0.2515 3,885 69.2 

10 0.2821 3,980 70.6 

(°)For all cases, the total direct cost is S2,14l M (1988). 
(fc>ARIES-I base case. 

Table 2.4-V. 
Impact of Safety-Assurance Cost Credits on COE (mi l l /kWh) ' a ' 

Base Case'*' Option-1 Option-2 

Capital return 52.6 37.7 43.5 
Operation and maintenance 6.7 6.7 5.1 
First-wall/blanket replacement 5.6 2.8 5.0 
Decomissioning 0.5 0.5 0.5 
Fuel 0.04 0.04 0.04 

Total COE 65.3 47.7 54.1 

'"'«/., Table 2.3-VI. 
( f r'ARIES-I without passive-safety credits. 
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Figure 2.4-13. The COE as a function of plasma minor radius for fixed plasma aspect 
ratio, A — 4.5 and the other indicated fixed parameters. Curves of constant net electrical 
power output, PE, are shown. Contours of fixed average neutron wall load, / „ , are 
included. The boundary with peak TF-coil field strength, B&. ~ 21 T, is also included, 
restricting access to small values of a. 
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Figure 2.4-14. Dependence of COE on peak TF-coil magnetic-field strength, for 
ARIES-I assuming various TF-coil unit costs, CTF- A conceptual ITER-reactor extrap
olation and a preliminary second-stability ARIES-II case are also included. 
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2.5. CRITICAL ISSUES 

In addition to the engineering feasibility of various subsystems, the following issues 
impact the selection of cost-optimized design points: 

1. The cost of fabricating large SiC-composite components (assumed to be S400/kg 
for ARIES-I blanket and $S0/kg for bulk SiC shield, as described in Sec. 8.2.5); 

2. The cost of balance of plant for achieving the gross thermal efficiency of 49% (650°C 
and 10-MPa helium coolant with a primary heat-transport cost of 80.09/Wt, and 
650°C steam-turbine plant equipment at $0.20/We); 

3. The cost of zirconium isotope separation needed for Li2ZrC>3 breeder ($2000/kg as 
described in Sec. 10.4.1) and for cost implication of other low-activation breeders 
(e.g., L i 2 0 , Li4SiO,i); 

4. The economic impact (from resource, safety, and environmental x points) of using 
large quantities of Be; 

5. Realization of plant availability of 0.76. 

The ARIES-I design reflects major improvements when compared with past "conven
tional" tokamak reactor studies: The reactor cost is reduced by a factor two and, at the 
same time, significant advances in physics realism are achieved and dramatic improve
ment in safety and environmental attributes are made. This reduction in cost is mostly 
due to the advanced fusion-power core of ARIES-I (advanced high-field superconducting 
magnet and SiC-composite structural material). The ARIES-I cost of electricity (COE) 
is projected at 65.3 mill/kWh, which is comparable to median-experience fission reac
tors but more expensive than best-experience advanced-fission or coal power plants (not 
including external, hidden costs associated with the use of both fission and fossil fuels). 
It is expected that potential advances in tokamak physics, such as the second stability 
operation, can improve the economics of tokamak reactors. The ARIES-II design will 
explore this region of tokamak operation. 

2.6. SUMMARY AND CONCLUSIONS 

The ARIES-I cost-optimized design point is the result of a symbiotic integration of 
physics, engineering, and power economics. The systems model has received contin
ual input and updating from the conceptual detailed engineering-design activity, While 
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many of the physics and engineering models are simplified, the result, nevertheless, has 
been the first self-consistent tokamak power-reactor study to include the quantitative 
interdependence of equilibrium/stability, current drive, impurity control, transport in 
high-radiation tokamak plasmas, etc., while simultaneously providing realistic and de
tailed cout projections using a modern methodology that is presently being used to assess 
a broad spectrum of nuclear and fossil energy sources. 

The attractiveness of the first-stability ARIES-I tokamak reactor, as measured by 
COE and related figures of merit (e.g., MPD and Qi?) has been achieved through 

1. Operation at high aspect ratio (A = 4.5) and low plasma current (/,j = 10.2 MA) 
to increase the poloidal beta and obtain a high bootstrap-current fraction of 68%. 
This approach minimizes the current-drive power and maximizes the engineering 
Rvalue {QF. = 5.1). 

2. Trade-ofF of plasma aspect ratio with current to limit the required confinement 
enhancement factor (H = 1.8 — 3.3, depending on the specific scaling considered). 

3. Use of advanced TF coils (ternary Nb 3Sn operated at 21 T) with a stabilizer that 
carries structural load and unique structural cup to carry overturning moments. 
The high toroidal field isused to compensate for the low toroidal beta (1.9%) to 
achieve an acceptable plasma fusion-power density (3.9 M W / m 3 ) and a mass power 
density of 100 kWe/tonne of FPC. 
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3. EQUILIBRIUM, STABILITY, AND 
TRANSPORT 

3.1. INTRODUCTION 

The ARIES-I design is a conceptual commercial reactor based on modest extrapola
tion from the present tokamak physics data base. For a commercial reactor, steady-state 
operation is preferable because of the many undesirable features of pulsed operation 
(such as thermal fatigue of in-vessel components and magnets and the requirement for 
a thermal-energy storage system), which lead to a short reactor lifetime and high costs. 
For an economical steady-state reactor, the recirculating power fraction should be <20%. 
This can be achieved by reducing the amount of plasma current to be driven by external 
means (i.e., minimizing the total plasma current and maximizing the bootstrap-current 
fraction) and also by using an efficient, cost-effective current-drive technique. 

The ARIES-I design operates at a relatively high plasma aspect ratio (A = 4.5), a 
low plasma current (Ip = 10.2 MA), and a high on-axis magnetic field (Ba — 11.3 T). 
As a result, the poloidal beta is high and a high bootstrap-current fraction of 0.68 is 
predicted. Because of the low plasma current and high bootstrap-current fraction, only 
3.3 MA of current should be driven by external means. Therefore, a steady-state reactor 
with relatively small current-drive power is possible. Systems-code analysis confirms that 
an optimum first-stability tokamak reactor operates with high aspect ratio, low current, 
and high bootstrap-current fraction. The key parameters of the ARIES-I reactor are 
listed in Table 3.1-1. 

The ARIES-I reactor parameters are found through extensive and self-con si stent itera
tions among magnetohydrodynamic (MHD) equilibrium and stability, transport, current-
drive, and edge-physics analyses. Engineering constraints imposed by system integration 
for a power ref.ctor have also been taken into account. In the areas of MHD equilibrium 
and stability and plasma transport, the regime of operation of the ARIES-I plasma is 
different from current tokamak experiments in many aspects including: 

1. Operating at a relatively high plasma aspect ratio (A = 1/e = 4.5), a low plasma 
current (Ip = 10.2 MA), a high poloidal beta (e0p = 0.7), and plasma current pro
files characterized by on-axis safety factor, q0 w 1.3, and 95% flux safety factor, 
995 > 4 . 
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Table 3.1-1. 
Key Parameters of the ARIES-I Reactor 

Major radius, R (m) 6.75 

Minor plasma radius, a (m) 1.50 

Aspect ratio, A 4.50 

Elongation, rex 1.80 

Triangularity, Sx 0.70 

Magnetic field at coil, Bc (T) 21.00 

Magnetic field on axis, B0 (T) 11.33 

Plasma current, Ip (MA) 10.20 

Safety factor on axis, qa 1.30 

Edge safety factor, q' 3.90 

Peak electron density, neo (10 2° m~ 3 ) 1.88 

Average electron density, ne (10 2 0 m - 3 ) 1.45 

Separatrix electron density, n, (10 2 u m" 3 ) 0.87 

Peak electron temperature, Teo (keV) 36.62 

Average (density-weighted) electron temperature, Tc (keV) 19.30 

Volume-averaged electron temperature, fc (keV) 17.44 

Toroidal beta, ft {%) 1.90 

Effective charge, Zejj 1.65 

Bootstrap-current fraction, IBS/IP 0.68 
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2. Operating at A = 1/e = 4.5 and placing the poloidal-field (PF) coils outside the 
toroidal-field coils leads to large stored energy in the PF coils. Minimizing this en
ergy will place constraints on the choice of plasma elongation, it, and triangularity, 
S. The MHD equilibrium analysis is reported in Sec. 3.2. 

3. Operating at MHD-stability beta limit against high-ra ballooning and n = 1 kink 
modes with the conductive wall at infinity and using plasma profiles consistent 
with current-drive (driven current density) and transport (flat density and narrow 
temperature profiles) analyses. The MHD f3 limit is discussed in Sec. 3.3. 

4. Placing the passive conductor for stabilizing the vertical motion of the plasma 
behind the blanket, which reduces the engineering constraints (cooling, neutron 
damage, etc.), leads to a reduced plasma elongation, is* — 1.8. The vertical stability 
of the ARIES-I plasma is considered in Sec. 3.4. 

5. Operating an ignited plasma with high synchrotron radiation caused by high on-axis 
magnetic field, high electron temperature, and a poorly reflective first wall. Ab
sence of deep fueling techniques leads to a flat density profile. The time-dependent 
transport analysis of the ARIES-I plasma is presented in Sec. 3.5. 

3.2. MHD EQUILIBRIUM 

3.2 .1 . Minimizing Stored Energy of Poloidal-Field Coils 

Operating at A = 1/e = 4.5 and placing the poloidal-field (PF) coils outside the 
toroidal-field (TF) coils leads to large stored energy in the PF coils. In this section, 
a prescription for choosing plasma shape (plasma elongation, K, and triangularity, 6) to 
minimize this stored energy is presented. 

Placing the ARIES-I PF coils external to the TF coils permits the use of a multipole 
expansion technique [1, 2] to describe accurately the PF-coil magnetic fields used in 
MHD equilibrium computations performed with the tokamak simulation code (TSC) [3] 
or the HEQ code [4]. Limiting the multipole expansion to hexapole and lower moments 
minimizes the number of dependent variables required to describe the plasma shape. 
Using the multipole expansion technique to examine plasma equilibria parametrically 
for a range of plasma elongation and triangularity values resulted in a prescription for 
minimizing the PF-coil stored energy, Wpp, which is used in the ARIES systems code 
(Sec. 2). 
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The TSC was modified so that the poloidal flux produced by a PP-coil set could be 
determined by specifying either the PF-coil locations and currents or the amplitudes of 
the even and odd nullapole, dipole, quadrupole, hexapole, and octopole moments, and 
the even dccapole moment in the multipole expansion series [1]. In addition, the TSC 
was modified to perform the inverse operation of decomposing the poloidal flux produced 
by a PF-coil set into the multipole components of the same truncated series. The TSC 
was then used to analyze parametrically the equilibrium of the interim design pcint I 
given in Table 3.2-1. 

Since the PF coils are relatively far from the plasma, the cost of the coils to pro
duce the higher order multipoles is high, making them undesirable. Therefore, in this 
analysis, the multipole expansion was limited to hexapole and lower moments, thereby 
reducing the number of variables. The plasma current, toroidal field, profile form factors 
(Sec. 3.2.2), major and mino1 - radii, and the nullapole and dipole moments were held 

Table 3.2-1. 
Fixed Parameters for TSC Parametric Lquilibrium Analys : s 

Interim design point I II 

Plasma current, Ip (MA) 7.26 10.5 

Toroidal field, B, (T) 12.38 12.72 

Profile form factors 

Q -3 .0 - 3 . 0 

7 -2 .5 -3 .0 

PJ 3.24 1.94 

Major radius, R,, (m) 6.0 6.12 

Minor radius, a (ra) i.ow 1.36 

Nullapole current equivalent (MA) 0.351 0.271 

Dipole current equivalent (MA) 0.429 0.517 

l°>For A = 4.5, a = 1.333. 
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fixed at the interim design values. The ratio of the hexapole to quadrupole amplitudes 
was selected as the dependent variable. The absolute magnitudes of these two amplitudes 
were determined as the minimum amplitudes that are necessary to produce a separatrix 
with the specified minor radius. This algorithm, subsequently, generates a set of plasma 
equilibria that requires only low-order multipoles which can be efficiently produced by 
the external PF coils. Consequently, the external field solutions have minimum PF-coil 
current, £ | / , P F 1 , and, hence, minimum WPF- Because both plasma triangularity, 6, 
and elongation, «, vary as the ratio of the quadrupole to hexapole moment varies, this 
algorithm yields the 5 that minimizes the PF-coil stored energy, Wpp, for a given K. 

The results of this analysis are shown in Fig. 3.2-1. Plasmas with shapes correspond
ing to the region below the S-K correlation of Fig. 3.2-l(A) would not have a separatrix, 
and those above the correlation ^.ould either have a smaller minor radius (larger A) or 
would require higher multipole moments and larger Wpp to maintain the same minor 
radius. This analysis also produced the correlation between the equivalent multipolar 
current, which scales approximately as the square root of Wpp, and K. This correlation, 
shown in Fig. 3.2-l(B), indicates that Wpp increases as K is decreased (J increases) for 
the range of 1 < K < 2.7 considered. It was found, however, that this Wpp-K correla
tion did not have a significant impact on determining the final design values of K and £ 
(Sec. 2). 

To pursue fur.her the icsue of minimizing Wpp, a code (FLXCON) was developed 
to determine the locations and currents of a PF-coil set that would reproduce the flux 
pattern of a given set of multipole moments. The FLXCON code moves the coils along 
a specified surface while minimizing an object function defined as the sum of two terms. 
The first term measures the relative error with which the coils reproduce the flux of the 
given set of multipole moments on a *est surface representative of the plasma surface and 
the second term measures WPF. To illustrate the use of FLXCON, an HEQ-generated 
equilibrium for interim design point II (Table 3.2-1) was modeled with TSC using the 
same set of 12 PF roils with 6 current groups; the HEQ and TSC results are given 
for comparison in Table 3.2-II. The small differences in RT, a, and K X between the 
HEQ and TSO results are directly attributable to numerical inaccuracies due to finite 
grid size in both codes. The multipole decomposition of the PF-coil flux was used to 
generate three sets of six P F coils and six current groups labeled DEC, OCT, and HEX 
in Table 3.2-II to denote the maximum multipole moment used. As the higher moments 
are eliminated, X) \Ipp\ decreases as expected, but Wpp is lower only for the HEX case. 
The plasma shape, however, drifts from the base shape because the higher moments 
were used inefficiently to suppress n and to provide additional triangularity. A more 
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of Table 3.2-1 with A = 4.5 and A = 6.) 



3.2. MHD EQUILIBRIUM 3-7 

Table 3.2-II. 
Equilibrium Calculations with Different Multipole Moments 

for Interim Design Point II of Table 3.2-1 

HEQW BASEW DEC<6) OCTW HEX<fc> 

Major radius, E Q (m) 6.12 6.12 6.12 6.13 6.13 
Minor radius, a (m) 1.36 1.35 1.35 1.34 1.34 
Magnetic axis, RM (m) 6.33 6.35 6.35 6.35 6.34 
Elongation 

Kx 1.75 1.73 1.68 1.70 1.84 

« 9 5 1.58 1.59 1.55 1.56 1.67 
Triangularity 

6* 0.74 0.77 0.75 0.68 0.46 

£95 0.48 0.50 0.49 0.47 0.36 
Separatrix coordinates (m) 

R* 5.11 5.12 5.14 5.25 5.51 

Zx 2.38 2.39 2.31 2.32 2.53 
Toroidal beta, 0 (%) 1.84 1.86 1.94 1.98 1.86 
Poloidal beta, j3p 1.85 1.77 1.78 1.78 1.74 
Plasma volume (m 3 ) 347 348 337 329 343 
Safety factor 

9(cj 1.59 1.59 1.54 1.50 1.58 

?(<.) 7.84 7.02 6.46 6 19 6.52 
Current, £ \JPF\ (MA) 142 142 114 111 82 
Stored energy, WPF (GJ) 7.57 7.57 7.78 8.10 6.80 

WPF-coil flux determined by PF-coil currents and locations using HEQ and 

TSC (BASE) codes. 

^'PF-coil flux determined by truncated multipole-expansion series with up to 

decapole (DEC), octopole (OCT), and hexapole (HEX) moments. 
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efficient method to generate the same plasma shape would require less qup.drupole and 
more hexapole moments, and will be used in the future. 

3.2.2. Free-Boundary M H D Equilibria and Operational Requirements 

Giv<?n the coil distribution, reference MHD equilibria for AR1ES-I are computed using 
the HEQ code [4], which calculates free-boundary solutions for a given plasma position, 
shape, and linked poloidal flux while minimizing the stored energy. The plasma shape 
is chosen to have « x = 1.8 to allow for adequate vertical stabilization (Sec. 3.4) and 
£ x = 0,7 based on the analysis in Sec. 3.2.1 to minimise the PF-coil stored energy. The 
plasma pressure profile is consistent with the transport analysis of Sec. 3.4 (flat density 
and narrow temperature profiles), and the current profile is consistent with first-stability 
operation with high e/3p and with current-drive analysis of the driven current-density 
profile. These constraints led to a choice of profiles that are close to the following pressure, 
p, and poloidal current-profile, / ' , functions: 

( -ax _ „ - « \ 

where i is the poloidal flux normalized to 1 within the plasma. Values of a = —1.35, 
7 = —1.35, and (3j — 2.29 were chosen for the equilibrium analysis. The toroidal plasma 
current density is 

Jt = Rp' + ^ 5 , (3.2-3) 

where R is in the direction of the major radius. 

The poloidal-flux distribution of the intermediate ARIES-I equilibrium is given in 
Fig. 3.2-2. Profiles of the plasma pressure, toroidal current density, and safety factor are 
shown in Fig. 3.2-3. Parameters of this intermediate equilibrium that are relevant to sta
bility and current-drive analyses are given in Table 3.2-III. The reference ARIES-I equi
librium of Table 3.1-1 is essentially similar to this equilibrium (scaled to R0 = 6.75 m). 



« e i 
it 
u 
N 
to 

o 
T3 las s 
a > tO 

>2 o 7) ibriui 

-4 -P* 

ibriui O 
a 7) •fiux c 

O a> 

•fiux c 
•fiux c o g > CO 

Stl p -
<n 

70 •atio: 

> 
2 

o 
a 
BJ c _ j k 

S 
a. 

Cfl ro PF- » coil T £ 
•o ^ • ^ lac 03 
A 
3 <t 
a 

HEIGHT. Z (m) 
oo oi «k ro o ro 

- I 1 1 1 1 r-
£t <7> CO 

- l 1 r 

• HBHHBEISE D 

D -» ro u D 

la Ho> g ] o i 

o 
31 
Z 

a 
CO 
o 
to m u\ in 

O 

ft 

CO 

3 



3-10 EQUILIBRIUM, STABILITY, AND TRANSPORT 

l . t 

• • • 

4.S S.5 t - 3 T.J 

Major Toroiitl Rat iu , K Ca> 

i .s 

• •• •.! (.4 •.* ••• 
N»raialix«4 Peloid*! Flax, x 

l.» 

Figure 3 .2-3 . Profiles of (A) pressure and toroidal current density along the major 
radius, and (B) q and q (ths average-field safety factor) along the normalized poloidal 
flux within the plasma edge. (For plasma equilibrium of Fig. 3.2-2.) 
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Table 3.2-III. 
The Interim ARIES-I Divertor M H D Equilibrium! 0 ' 

Major radius, R„ (m) 7.24 

Minor radius, a (m) 1.61 

External toroidal field at R„, B, (T) 11.9 

Plasma current, Ip (MA) 11.3 

Safety factor on axis, q0 1.24 

Average-field safety factor, q 4.45 

Safety factor at 95% flux, q»5 4.64 

Toroidal beta, /? (%) 1.90 

Poloidal beta, /3p 2.19 

Elongation at x-point, KX 1.80 

Elongation at 95% flux, K95 1.60 

Triangularity at x-point, 8* 0.70 

Triangularity at 95% flux, SM 0.50 

x-point location 

R* (m) €.11 

Zy (m) 2.90 

Internal inductance, I, 0.82 

Stored PF-coil energy, Wi>F (GJ) ( t ) 12.0 

' ' 'The reference equilibrium of Table 3.1-1 is essentially similar 

this equilibrium (scaled to R„ = 6.75 m). 

' 'Stored energy is higher at full /,, and low (3. 
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Analysis leading to the interim MHD equilibria provided an adjustment to the con
ditions that relate Ip to q, a, Et, and the plasma shape parameters. This adjusted 
relationship, used in systems studies, is 

P „ re(1.15-0.65e) 

where q is the average-field safety factor using the averaged poloidal field at the plasma 
edge. For this class of equilibria, the edge and 95% flux surface quantities are related 
through 

^- = 1.59— = ( 1 . 1 3 - 0 . 0 8 e ) — = 1.09. (3-2-5) 
<5as Kgs ? 

Different forms of the profile functions can be used to produce equilibria nearly iden
tical to this case in all its global parameters, as are given in Table 3.2-III. The results 
of the free boundary equilibrium and the PF-coil currents do not change significantly 
when these different profile functions are used, as long as the global parameters remain 
unchanged. 

Since the ARIES-I reactor uses noninductive methods to assist start-up of the plas:na 
current (Sec. 12), the amount of poloidal flux linkage between the plasma and the PF 
coils can be chosen to reduce the PF-coil stored energy. Some flexibility exists near the 
condition of minimum stored energy to vary the PF-coil current with a fixed x-point 
location: low beta and low linked flux, high beta and low linked flux, and high beta 
and high linked flux. The maximum current for each coil is then estimated and used 
in sizing its cross sections and locating the coil, as plotted in Fig. 3.2-2 (assuming an 
overall current density of 20 MA/m 2 for each coil). This data is then used as input to 
the engineering design of the PF-coil system (Sec. 7). 

3.3. MHD-STABILITY BETA LIMIT 

3.3.1. Dependences of the Beta Limit 

The first stability regime requires that all ideal MHD modes be at least marginally 
stable in the absence of a conducting shell beyond the plasma edge [5]. While this 
requirement is broad in scope, it is usually adequate to examine only the high-n ballooning 
modes and the low-n (n = 1) kink modes to determine the stability beta limit. The 

¥), (3.2-4) 
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intermediate-n ballooning modes (the "infernal" modes) are easily avoided by retaining 
small gradients in the q profile near the plasma axis. 

As an input to design trade-offs involving plasma shaping (profiles, A, and the f3 
limit), our study places an emphasis on clarifying the dependences of ft on A, K95, q„, 
and g M . We use only the traditionally successful p-ofile functions for the analysis. This 
study, therefore, is limited in its scope, since several other parameters (e.g., 5 and the q 
and pressure profiles) also affect the plasma beta limit. However, this study benefits from 
an extensive review of the beta limit investigation recently carried out for ITER [6] and 
from reviews of the large body of information in the literature. Calculations are carried 
out for high-/! (4.5 and 6.0) ARIES-I plasmas using the PEST equilibrium and stability 
codes [7] to "fill in" data where needed. The combined data base of the stability analysis 
covers a range A = 2.6 to 6.0, re9S = 1.6 to 3.2, q„ = 1.0 to 2.0, and qar> < 5. 

The pressure and safety-factor profile functions used include those optimized for the 
JET plasma [5] and those used in the ITER studies [6] and are given by: 

P = Vo [ (1 - y'V + Pi 1/C (1 -P2y")] . 

q = q„ + <?i y* + 92 y" T o t 

Here y is the poloidal flux normalized to 95% of the x-point flux. In the pressure 
profile function, beta determines p0, profiles are adjusted through p\, and other vari
ables are set according to a — 1.5, 7 — 2.5, £ = 3, 77 = 1.2, and p2 — 0 or 1. For the 
safety-factor profile function of Eq. (3.3-2), A = 6, v = 2, and qa is chosen such that 
9M = qa + 9i + ?2 = 3.1 (where qt and g 3 are independent variables). The safety factor 
profile function of Eq. (3.3-2) used fo: the case with A =s 6, has a = ln(q„/q<,r,)/ln(l - Q, 
( = 0.7, and p = 2. 

The shape of the 95% flux surface is given by 

R = R„ + a cos(0 + 6' sin 9) , (3.3-4) 

Z = K<),5 a sin 8 , (3.3-5) 

where 8' ~ £95. The 95% flux surface is used in the stability analysis to avoid the numer
ical difficulties near the x-point. 

The stability data base produced by the PEST code [7] is shown in Fig. 3.3-1 as the 
dependence of beta limit on K<»5 (for A fe 6) and as the dependence of Troyon factor (5j 

(3.3-1) 

(3.3-2) 

(3.3-3) 
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limit, CT = /3aBt/Ip (in % Tm/MA), on 4 . From this result, one obtains 

" 1 - 0 . 4 ( K 9 5 - 1 ) 2 1 

C T % 2.8 
(1 

(3.3-6) 

which gives CT ~ 3.5 and /? « 2.06% for the reference plasma parameters in Table 3.2-III. 
It is important to note that this approximate scaling has a limited basis and its use should 
be limited to the profiles given here aud to the range of parameters indicated above. For 
A ss 3, it has also been shown that this beta limit remains relatively unchanged as long 
as /, remains below 0.75. 

Additional studies of the beta limit have also been carried out using polynomial pro
files and with parameters encompassing the reference case: Jp ranging from 16 to 8 MA, 
q9s from 3 to 6, and /3P from 1.4 to 3. The value of CT is 3.1 to 3.2 as long as q 9 5 is above 
3.7. This result is considered conservative relative to the preceding indications. Design 
values of CT = 3.2 (corresponding to 0 = 1.9%) and li = 0.74 are therefore adopted for 
the ARIES-I reactor. 

3.3.2. Stability of Reference Equilibrium 

To ensure complete self-consistency among M R J J equilibrium and stability, current 
drive, and transport analysis, the ARIES-I reference equilibrium is found using a simple 
pressure function, p(V') = PoV>a, where a = i.4 and Tp is the normalized poloidal flux. The 
equiUbrium flux contours and profiles of safety factor and toroidal current density of the 
reference equilibrium are similar to those displayed in Figs. 3.2-2 and 3.2-3- As shown in 
Sec. 4, this equilibrium can be generated with ~100 MW oi absorbed RF heating [mostly 
ion-cyclotron range-of-frequency (ICRF) fast-wave current drive). The pressure profile 
also matches that of transport analyses. 

Several sequences of equilibria were tested for stability at different aspect ratios and 
safety factors. In the range 4.5 < A < 6.0, it was always possible to obtain stability at 
Troyon ratios C? :$ 3.2. For the interim geometry of Table 3.2-III, stable equilibria were 
found in the range 1.56% < /3 < 2.60% as the axis safety factor varied respectively from 
q0 = 1.50 to 1.10. All equilibria were stable to n = co ballooning modes (tested with the 
Phillips code [9]) and were stable to n = 1 external kinks (tested with PEST II) with the 
conducting wall at infinity. Generally the edge safety factor, qa, was roughly four times 
the axis value, and it was found necessary to avoid integer values of qa in order to ensure 
kink stability. 
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3.4. VERTICAL STABILITY 

Vertical stability is an important issue for ARIES-I because of the moderate-to-high 
aspect ratio (A > 4.5) and the high separatrix elongation (KX = 1.6). A toroidally con
tinuous conducting shell is required to retard the growth of an externally excited vertical 
instability with a time constant ranging from an Alfven time (TA ~ 10 fis) without a shell 
to the electrical L/R t imt constant of the shell, TL/R. The passive stabilization provided 
by this shell must be augmented by an active feedback system that provides vertical sta
bility for times > rL/R. A rigid-plasma model (PSTAB) [10] and linear (NOVA-W) [11) 
and non-linear tokamak-simulation-code (TSC) [3] deformable-plasma models are used 
to estimate the conductor location and size required for passive stabilization. Time-
dependent TSC simulations are used to determine the current, voltage, location and size 
of the feedback coils. 

3 .4 .1 . Passive Stabi l iza t ion 

Without passive stabilization, a vertically displaced plasma will move vertically on an 
Alfven time scale (~10 us). Passive conductors must be positioned around the plasma 
to slow this vertical motion sufficiently to allow an active feedback system operating 
on a longer time scale ( ^ 100 ms) to control the vertical position of the plasma with a 
reasonable expenditure of reactive power (;$ 10 MVA). Passive stability performance is 
measured by the stability parameter that is defined for an idealized system by 

/ s 1 + - 5 - , (3.4-1) 
TL/R 

where TV = I / 7 is the vertical-instability time constant and 7 is the growth rate. A design 
constraint of 

/ > 1.3, (3.4-2) 

is adopted to ensure that a sufficient stability margin exists above the 7 = 00 limit under 
all plasma conditions. 

Placement of passive (metallic) stabilizer elements close to the plasma cause severe 
engineering difficulties: (1) neutron damage and activation, (2) nuclear heating which 
requires active cooling, (3) adverse effects of tritium breeding, and (4) difficult!'s in 
assembly/disassembly of components and of maintenance. It is, therefore, desirable to 
place the passive elements away from the plasma, prefeiably behind the blanket (at a 
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distance of ~ 0.6a from the plasma surface in ARIES-I). A preliminary analysis of the 
maximum allowable distance permitted between the plasma and the passive stabilizer 
elements for vertical stability was performed with the PSTAB [10] code. The PSTAB 
formulation assumes that the plasma is a massless rigid body simulated by an array of 
filamentary current elements. The equation" describing a small vertical displacement 
in the presence of an array of resistive filamentary conductors simulating the passive 
stabilizer are linearized and jclved as an eigenvalue problem. 

The notation used to describe the location of the passive stabilizer relative to the 
plasma is shown in Fig. 3.4-1. The plasma surface is assumed to be given by 

Z = O K X s i n0 , (3.4-3) 

R = R,, + a cos(0 + 5 x sinfl), (3.4-4) 

where R0 is the major radius, a is the minor radius, / t x and £ x are, respectively, the 
separatrix elongation and triangularity, and the poloidal angle 6 varies from 0 tc 2n. 
The passive stabilizer is placed on a surface parallel to the plasma surface. 
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F i g u r e 3 .4 -1 . The geoirctry of the plasma and the passive stabilizer (shell). 
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A series of calculations were performed for an A = 6 plasma that was considered 
during the ARIES-I seoping-phase activities {Rg = 6 m, a = 1 m, KX = 2, Sx = 0.5). The 
poloidal coverage, p /a , and the normalized radial location, cja, of a passive outboard 
stabilizer were varied and the results are shown in Fig. 3.4-2. It was found that relatively 
small passive stabilizers (p/a ~ 0.2) meet the stability constraint, but these conductors 
must be located close to the plasma (cja < 1.1), Placement of the passive stabilizer 
behind the blanket (0.9 m away from plasma surface), even with full coverage on the 
outboard side, does not provide sufficient stabilization (i.e., / > 1.3). 

The cost-optimized ARIES-I design, however, has a lower aspect ratio of A = 4.5. 
Vertical stability of A — 4.5 plasmas with passive stabilizer elements positioned behind 
the blanket, as shown in Fig. 3.4-3 (0.7 m away from the plasma surface on the inboard 
side and 0.9 ra on the outboard side) were examined. The stability parameter as a 
function of the plasma elongation of such plasmas is shown in Fig. 3.4-4. This analy
sis indicates that * x $ 1.83 is required for a stabilizer located behind the inboard and 
outboard blankets. 

0 0.5 1.0 1.5 2.0 2.5 3.0 
NORMALIZED SHELL POLOIDAL LENGTH, p/a 

Figure 3.4-2. The stability parameter as a function of poloidal coverage of an outboard 
slabilizer at various radial locations (cja) (Fig. 3.4-1) for .4 = 6, K X = 2, and 5 X = 0.5. 
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Figure 3.4-3. The geometry of the plasma and the passive stabilizer for A = 4.5 and 
K X = 1.74. A similar geometry was used for the other cases in the K parametric study. 
The coil locations used in the active feedback analysis are also indicated. 
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Figure 3.4-4. Dependence of the stability parameter on elongation for A = 4.5 and 
stabilizer geometry shown in Fig. 3.4-3. 
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The accuracy of the PSTAB rigid-plasma model results was then checked by bench
marking the K* = 1.74 case against the TSC and NOVA-W deformable-plasma models. 
The TSC [3] performs time-dependent simulations of resistive free-boundary, axisymmet-
ric plasmas and the associated external conductors and poloidal-field circuits, including 
active feedback amplifiers. Consequently, TSC is more costly to use than either PSTAB 
or NOVA-W. The plasma force balance in TSC is modified by scaling up the plasma mass 
and viscosity to maintain the plasma in force balance, while alleviating the time-scale 
disparity between wave and diffusion phenomena. This parameter scaling does not affect 
plasma bulk motion that is stable on the ideal-MHD time scale (/^s), but does affect 
the growth rate of vertical instability. To calculate r„, TSC is set up with the plasma 
and passive-stabilizer geometry shown in Fig. 3.4-3. The PF coils are represented with a 
multipole series truncated with the even decapole. The simulations begin with a radial 
magnetic field applied for 1 fis to produce an initial ~3-mm vertical displacement of the 
plasma. The plasma simulation is then continued until the equilibrium effects of the 
initial perturbation are damped out and the vertical instability asymptotically relaxes to 
a linear growth rate, as reported by inboard and outboard pickup coils. Corroboration 
of the value of rr predicted from the pickup coils was obtained by fitting the vertical 
displacement of the magnetic axis, Zt\i, with the functional form, 

ZM[t) = Z0e"T*. (3.4-5) 

This TV calculation was made for four values of plasma mass-enhancement factors. 
Results (denoted as squares) are shown in Fig. 3.4-5. An analytically derived quadratic 
polynomial that yields the behavior of T as a function of the plasma ma6s-enhancement 
factor for small values of the mass-enhancement factor was fit to the results and then 
extrapolated to a unity mass-enhancement factor to determine the mass independent 
value of r„ reported in Table 3.4-1. The accuracy of this extrapolation is demonstrated 
by fitting polynomials to the three smallest and three largest mass-enhancement-factor 
results displayed in Fig. 3.4-5 and reporting a range for rv and / in Table 3.4-1. 

This calculation was repeated with the NOVA-W code [11], a non-ideal MHD linear-
stability code that was developed to calculate the linear stability of axisymmetric modes 
with passive resistive conductors and active feedback included in the vacuum region 
surrounding the plasma. The NOVA-W code is a derivative of the NOVA [12] code. 
Both codes are non-variational MHD stability codes that solve the stability eigenvalue 
problem for the growth rate (eigenvalue). The use of the eigenvalue formulation rather 
than the 6W formulation to calculate stability permits the inclusion in NOVA-W of non-
ideal effects, such as wall resistivity, that would otherwise destroy the self-adjointness 
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F i g u r e 3.4-5. Dependence of the vertical-stability time constant on plasma mass-
enhancement factor as calculated with TSC (squares) for A = 4.5, KX = 1.74, and the 
stabilizer geometry shown in Fig. 3.4-3. Also included are quadratic polynomials fitted 
to the three largest (solid) and three smallest (dash) mass-enhancement-factor results 
and extrapolated to a unity mass-enhancement factor. 

Table 3.4-1. 
Ver t ical S tab i l i ty B e n c h m a r k of t h e Conf igura t ion Shown in F ig . 3.4-3 

Code 

Vertical-Stability 

Time Constant, r„ (ms) Stability Parameter, / 

PSTAB [10] 

TSC [3] 

NOVA-W [111 

217 

175 - 186 

173 

1.88 

1.56 - 1.60 

1.55 
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property underlying the SW approach. A Green's function formulation is used to express 
the perturbed poloidal flux in the vacuum region in terms of the feedback currents in 
the vacuum region and an integral over the boundary surfaces: the plasma/vacuum 
interface and the surface of the resistive wall surrounding the plasma. Separate Green's 
equations are obtained for the vacuum region between the plasma and the resistive wall, 
and for the region outside the resistive wall. A thin wall approximation is used to 
relate the discontinuity in the normal derivative of the poloidal flux across the thin 
resistive wall boundary to the time derivative of the flux on the boundary. Combining 
the Green's equations for the different boundary surfaces yields the normal derivative 
of the perturbed flux at the boundary in terms of poloidal flux, which in turn is known 
as a function of the Fourier modes of the displacement. This approach provides the 
correct vacuum boundary condition needed to solve the NOVA eigenvalue equation for 
the growth rate and eigenfunction of the instability. An ARIES-I equilibrium produced 
with TSC is used as input to the NOVA-W code. Special care must be used for equilibria 
(such as those of ARIES-I) where the separatrix is near the plasma surface, because this 
condition can adversely affect the accuracy of the mapping to stability coordinates and, 
therefore, affect the result Consequently, equilibria limited by the 95% flux surface and 
below are used in the NOVA-W calculation and then the growth rates are extrapolated 
to the separatrix. The NOVA-W result for the benchmark case is given in Table 3.4-1. 
Agreement between the NOVA-W result and the mean TSC result is good at 4% for T„ 
and 2% for / , but agreement between the PSTAB result and the mean TSC result is 20% 
for TV and 19% for / . The differences between PSTAB and TSC result in part from rigid-
versti3 deformable-plasma effects and from differences in the calculation of the stabilizer 
inductances. Also, a 20% difference was obtained in the PSTAB and TSC calculations 
of TIJR with a vertically asymmetric current distribution in the stabilizer. 

The possibility of placing the passive stabilizer behind the shield and effectively us
ing the vacuum vessel as the stabilizer element was also considered. To examine the 
feasibility of such a move, NOVA-W was used to analyze a 0.01-m-thick aluminum 
(IJ = 2.824 x 10~ 8 il-m) stabilizer shell located either behind the blanket (inner wall con
figuration) or behind the shield (outer wall configuration) as shown in Fig, 3.4-6. The 
results indicate that the growth time for the axisymmetric mode for the inner wall config
uration is 330 ± 5 ms. For the outer wall configuration, the growth time is 44 — 1 ms. In 
fact, the outer wall configuration was found to be unacceptably close to the ideal stability 
limit, having a stability parameter / < 1.1. Therefore, only the inner vacuum-vessel wall 
configuration is effective in stabilizing the axisymmetric mode to a time scale that an 
active feedback system can handle with reasonable power levels. 
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Figure 3.4-6. The geometry of two possible locations for passive stabilization shells 
considered: behind the blanket (inner location) and behind the shield (outer location). 
The effect of tungsten divertor plates was included in both cases. 

3.4.2. Act ive Feedback 

The active-feedback power requirements were determined from TSC simulations of 
the A — 4.5 and KX = 1.74 case used in the passive stability benchmark described in the 
Sec. 3.4.1. A simulation begins with the vertical coordinates of the plasma magnetic axis, 
ZM, maintained in the equatorial plane for 0.1 s. The feedback coils are pre-programmed 
to initiate a 50-mm vertical displacement of Zsi at 0-1 s into the simulation and to 
maintain that position once attained. As the plasma mass does not affect the voltage 
or current of the feedback coils, a large mass-enhancement factor (8,000) was used for 
computational expediency. 

Simulation results for feedback-coi) A (Fig. 3.4-3) are given in Fig. 3.4-7. A gain for 
driving the feedback-coil current was selected to yield a common value of G ~- -2 .6 for 
the dimensionless gain defined as the ratio of the response flux difference produced by 
the feedback coils to the flux difference produced by the plasma in the pickup coils. The 
dimensionless gain must be in the range of - 1 to —10 to ensure stability and practicality 
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Figure 3.4-7. The vertical position of the magnetic axis and the feedback-coil current 
and voltage as functions of time as calculated with TSC for A = 4.5, KX = 1.74, the 
stabilizer geometry shown in Fig. 3.4-3, and feedback-coil A in Fig. 3.4-3. 
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of the feedback system. A value of G ~* —2.6 rapidly moves the plasma to a 50-mm 
displacement with only an ~10-mm overshoot. The gain for driving the feedback-coil 
voltage is set at a low value of 1 mV/A to ensure a smooth voltage response. A pickup-
coil location approximately equal to the location of feedback-coil E in Fig. 3.4-3 was 
used for feedback-coils A and C. For feedback-coil B, a pickup-coil location corresponding 
approximately to the location of feedback-coil A was used to obtain a clear resolution of 
the flux difference produced by the plasma. 

The maximum reactive power occurs at the maximum vertical displacement of Z\i and 
scales with Z\t. The reactive power requirements for the three feedback-coil locations 
of Fig. 3.4-3 are shown in Fig. 3.4-8 for a ccmmon 50-mm displacement of Z^. The 
feedback coils were simulated with a 0.1-m x O.i-m cross section of room-temperature, 
copper alloy with a conductor filling fraction of 0.7. Feedback-coil C is preferable over 
the other two coil locations. This coil is positioned just outside of the T F coil and is 
easily accessible for maintenance. The ~2 MVA reactive power required to drive this coil 
is well within the 26 MW of recirculating power set aside for miscellaneous plant needs 
(Sec. 2). Furthermore, a 50-mm displacement could not be tolerated by the divertor and 
represents a maximum design constraint. 
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Figure 3.4-8. The reactive power as a function of normalized radial location calculated 
with TSC for A = 4.5, KX = 1.74, and the geometry shown in Fig. 3.4-3. Simulation 
results were scaled to a common 50-mm displacement of Z\t-
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3.5. TRANSPORT ANALYSIS 

The 1-1/2-D, time-dependent BALDUR transport code [13] was used to simulate 
steady-state core-plasma behavior for the ARIES-I tokamak design and to study the 
time evolution of plasma density and temperature from a few keV (i.e., typical of ohmic 
discharges) to a steady-state fusion plasma. In addition to the analyses of the approach 
to ignition and thermal stability, the BALDUR simulations were used to study fueling 
of the ARIES-I plasma, the resultant density and temperature profiles, and helium ash 
buildup and exhaust. The parameters of the steady-state ARIES-I plasma were also used 
to benchmark the 0-D results of the systems code. Several physics models including an 
estimate for synchrotron radiation losses (Sec. 3.5.1) and transport models (Sec. 3.5.2) 
were incorporated in BALDUR for ARIES-I transport analyses which are reported in 
this section. 

In addition to BALD^'H simulations, the ARIES-I reference equilibrium with the 
simple pressure profile oi p(V>) = PoV'" (<* = 1.4 and i> is the normalized poloidal flux), was 
used to calculate and benchmark the ARIES-I fusion-power performance and operating 
point. The 2-D flux contours for this equilibrium were used in the TRAC II code, 
which computes a flux-surface-averaged power balance. This study was performed to 
ensure complete self-consistency among all plasma physics analyses since the density 
and temperature profiles used in this power balance analysis are exactly the same as 
those used for the current-drive and stability calculations, and these profiles are roughly 
consistent with the BALDUR results (although the 1-D BALDUR transport calculation 
cannot be exactly compared to 2-D MHD profiles). 

The plasma profiles used include a peaked temperature profile, Te(V>) = Tm"p'iT, with 
a? = 1.1 and Tc0 = 44 keV, and a broad density profile, nv{jtj}) = n c o i ^ a " , with a n = 0.3 
and nco = 1.85 x 1021' m~ J . The profile factors, a-/ and a„ , were chosen so that the 
profiles are consistent with BALDUR simulations and TKO and nno are set so that the 
average temperatures and density agree with the systems code results. The alpha density 
was set at 10% of the fuel ions, and an additional (nominally oxygen) impurity was added 
to raise Z,.ff to 1.6. The results of this simulation for the interim ARIES-I design point 
are summarized in Table 3.5-1 and are in good agreement with systems code results and 
BALDUR simulations for that design point. 
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Table 3.5-1. 
T R A C II Simulation of Interim A R I E S - I P a r a m e t e r s 

Major toroidal radius, R0 (m) 7.245 
Minor radius (95%), a (m) 1.555 
Elongation, n95 ISO 
Triangularity, 5 9 S 0,50 
Plasma volume (95%) (nr !) 5213 
Shape factor, S 1.33 
Approximate first-wall area (m*) 629 
Plasma current, ]p (MA) 10.6 
On-axis toroida] field, Bt (T) i 1.6 
Toroidal beta, (3 {%) 1.9 
Troyon coefficient, Cr (% Tm/MA) 3.2 
RMS beta, 0m (%) 2.52 
Shafranov poloidal beta, /?/ 2.4 
On-axis safety factor, qa 1.3 
Toroidal radius of magnetic axis, #,„ (m) 7.481 
Self-inductance, L (fiM) 17.3 
Plasma pressure (MPA) 

Peak, p0 2.97 
Volume averaged, f 1.03 

Electron temperature (keV) 
Peak, Teo 44.2 
Volume averaged, T e 17.4 

Electron density ( H P m - 3 ) 
Peak, nco 1.85 
Volume averaged, n e 1 33 

Fuel-ion density (10 2 0 m ' 3 ) 
Peak, n./jTo 1-44 
Volume averaged, n,/j/ 1.1)4 

Effective plasma charge, Z e / ; (—1% oxygen) 1.6 
Absorbed current-drive power, Pro (MW) 100 
Fusion power, Pf (MW) 2.100 
Average neutron wall load (MW/m 2 ) 2.7 
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For AR'ES-I applications, where a weakly reflecting wall is required, a calculational 
method simpler than using CYTRAN is possible. It involves the local application of the 
global model (LAGM) of synchrotron power loss from a homogeneous, cylindrical plasma 
at each point inside an in homogeneous plasma. This so-called LAGM method was first 
proposed by Tamor [ 18) and was found to give total power loss, and associated radial 
cooling profiles, in reasonable agreement with those of SNECTR, particularly when the 
wall is weakly reflecting (9? <C 1). 

Using Trubnikov's approach [19] and including the relativistic correction factor, the 
local radiated-power density is given by: 

»•,„„,. = 4.14 x l 0 - " ( ] - H)]'2ny2 T (

5 / - Bf'1 (1 - pflA 

"-•-"('•&)('-^r. '-) 
where SI units are used except for the electron temperature, T c , which is in keV. Also, 
nc is the electron density, B, is the magnetic field strength, j3 is the plasma beta, K is the 
plasma elongation, Ra is the major radius, and a is the minor radius. The expression in 
Eq. (3.5-1) can be integrated over the plasma density and temperature profiles to obtain 
the total synchrotron-power loss, Psynt. 

To check the accuracy of the LAGM calculation of the Wavm profile, the reference 
ARIES-I parameters of Table 3.1-1 were used for benchmarking against the results of 
CYTRAN. Shown in Fig. 3.5-1 are the radiated-power density profiles as a function of 
normalized plasma radius, calculated by LAGM using Eq. (3.5-1) and by JYTRAN. The 
corresponding total radiated powers, Psync, are 303 MW and 266 MW for, respectively, 
LAGM and C V T R A N , which compare reasonably well with the value of 221 MW cal
culated from the systems code. It is noted from Fig. 3.5-1 that the two profiles have 
very similar radial dependence, except for the difference in their local magnitudes that 
accounts for the 14% difference in P s y m . . At 3? = 0.41, W,y„c from CYTRAN shows a 
small negative value near the plasma periphery, implying net synchrotron heating due to 
reabsorption of the wall-reflected synchrotron power. This effect, of course, is not takei: 
into accc-nt by the LAGM calculations. 

It should be pointed out here that W,,jnc, as calculated from Eq. (3.0-^), scales as 
nU2rp^j, ga/-2 a n t j ^ therefore, is strongly sensitive to the electron temperature profile and 
the magnetic field. In addition, since P,„„ r and t'?e alpha heating power have the same 
order of magnitude in ARIES-I, an accurate evaluation of the W,vnc profile and Pmjn,. is 
essential in determining the self-con si stent n,, and Tr profiles, and the plasma thermal 
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Figure 3 .5 -1 . Radial profiles of synchrotron radiated-power density calculated by 
LAGM using Eq. (3.5-1) and by CYTRAN, for the reference ARIES-I parameters. 

equilibrium point. For this reason, the LAGM calculation of W,,lnl- in conjunction with 
Eq. (3.5-1) is incorporated into the 1-D BALDUR transport code, which will be discussed 
in the following sections. 

3.5.2. The ARIES-I Transport Model 

The transport model tha* was implemented in the BALDUR transport code was 
adapted from Houlberg's planma modeling work on the compact ignition torus (20]. This 
model is purely empirical and is designed to reproduce the global empirical scalings of 
energy and panicle confinement time. In addition to global agreement with empirical 
scalings, this model has been used successfully at the Princeton Plasma Physics Lab
oratory to predict the density and temperature profiles in certain pellet-fueled TFTR 
discharges [21]. Houlberg has also been successful in predicting plasma density and tem
perature behavior on JET discharges using this transport model in the WHIST transport 
code [20]. 

The Houlberg transport model is based on the following assumptions: (1) TLe radial 
ion and electron thermal diffusivities are equal. (2) The radial particle-diffusion coef-
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ficient, Dx-i is equal to 1/2 the radial thermal diffusivity, Xi- (3) The edge thermal 
diffusivity is five times that at the center. (4) There exists an anomalous inward particle 
pinch for ions and electrons proportional to the particle diffusion coefficient. The radial 
thermal diffusivity, Xx{r)> >s defined as 

where a is the plasma minor radius, K is the plasma vertical elongation, r is the radial 
plasma coordinate, CN is a normalizing factor equal to 0.218, and T>; is the global dif
fusive energy-confinement time. For ARIES-I simulations, TE is assumed to scale as the 
empirical Riedel-Kaye energy-confinement time [22], 

O rt» / „ ~ u - 2 7 »'- e-' 7 ' u l 7JU.U7-U.IM p-O.OJ „0.59 jO.S In r n\ 

where / H is the confinement enhancement factor over the so-called L-mode, Ra is the 
major toroidal radius, Ip is the plasma current, n is the electron density, and P is the 
net plasma-heating power (assumed to be equal to total plasma-heating power minus the 
radiation losses). In Eq. (3.5-3), SI units are used except for Ip in MA, n in 10 ' 9 m - ' 1 , and 
P in MW. The confinement enhancement factor, / ; / = 2.8, was used in the BALDUR 
simulations. 

The anomalous inward particle pinch has been introduced by Stotler as a refinement 
on Houlberg's transport model to give improved agreement between BALDUR simu
lations and TFTR discharges in terms of density profiles. This inward pinch is given 
as [21] 

Vpinch = --JT-- (3-5-4) 

For the ARIES-I simulation work, 3/4 of this pinch is included in the transport model. 
This choice was based on the fact that the difference between including the full pinch 
and 3/4 of the pinch was less than the scatter in the empirical data base on which the 
transport model had been benchmarked. Therefore, there was some freedom in choosing 
the exac*. multiplying factor for the inward pinch and the lower value of the inward pinch 
was used. 

In the simulation of the ARIES-I plasma, the MHD equilibrium was determined by 
solving the Grad-Shafranov equation in two dimensions. The 2-D grid used to solve this 
differential equation was established by specifying a fixed boundary for the poloidal flux 
using the technique of harmonic moments [23]. The Grad-Shafranov equat: n̂ was so lvd 

http://7JU.U7-U.IM
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every five seconds during the simulation using the evolving pressure and current-density 
profiles. As a result, the simulation involved a coupled evolution of 1-D radial transport 
and 2-D MHD equilibrium. 

A high-n ballooning-mode transport model was included in the simulation to maintain 
the pressure gradient at or below the critical limit for the onset of ballooning modes. The 
transport model for ballooning modes is in the form of an enhancement factor, fx, on 
the local X-L equal to [23] 

fx = 1 + A UrJ. (3.5-5) 

where p' is the local pressure gradient, p'crlt is the pressure gradient limit for high-n 
ballooning modes, and values of A = 1 and B = 10 were used. The result of including 
this enhancement in x± ' s the local flattening of the temperature profile in regions where 
P' > PCTIC I R * n e ARIES-I plasma simulation, the effect of including this enhancement 
factor on global confinement time and the average temperature is found to be small. This 
result also confirms that the ARIES-I plasma is stable against high-n ballooning modes 
in the bulk of the plasma. 

3.5.3. Transport Simulation Results 

The transport models described in Sees. 3.5.1 and 3.5.2 were incorporated into the 
BALDUR code. The evolution of the ARIES-I plasma was simulated by starting with an 
ohmic-like plasma with a temperature of 5 keV on axis (typical of plasmas in ohmic equi
librium [24]) and continuing to steady-state, fusion-burn conditions. For ARIES-I simu
lations, it was assumed that the density and temperature profiles have pedestal boundary 
conditions such that at steady state Te(a) = T,(a) = 0,30 keV and n„(a) = 1.0 x 10 i u m~ 3 , 
where Te(a) and T,-(a) are, respectively, the separatrix electron and ion temperatures, and 
nc(a) is the separatrix electron density. 

The fast-wave current-drive system was used to heat the ARIES-I plasma to ignition. 
It was assumed that the auxiliary heating associated with the fast-wave current drive 
has a parabolic profile (consistent with the current-drive calculations of fast-wave power 
absorption in the plasma). The 96.7 MW of auxiliary heating is divided so that 93% of 
the power is delivered to electrons and 7% to the ions. The available current drive was 
found to be more than adequate for heating the ARIES-I plasma to ignition. Typically, 
the ARIES-I plasma achieved ignition in about 5 s and steady state in approximately 
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20 s of plasma simulation time; it maintained a steady burn for the remaining 20 s of the 
simulation. 

The reference fueling scenario for the ARIES-I plasma includes the injection of 2-mm-
radius pellets made of a 50:50 deuterium-tritium (DT) mixture at a frequency of 3 Hz. 
The pellets are injected at the mid-plane. In general, it was found that for the range of 
pellet size and speed considered, pellets would ablate in the outer 1/3 to 1/2 of the plasma 
radius (corresponding to pellet speeds of 5 and 20 km/s, respectively). In the simulations, 
the pellet fuel ions were transported towards the center by the anomalous inward particle 
pinch. The density profile was found to be very broad and, without an anomalous pinch 
term, the density profile would have been even flatter. On the other hand, the ARIES-I 
plasma was found to be very stable (thermal and MHD) to perturbations in the density 
profile. For example, Fig. 3.5-2 shows the evolution of temperature and density profiles 
of the ARIES-I plasma fueled with large size (4-mm radius) pellets injected every eight 
seconds. In this simulation, the density and temperature profiles were recovered in about 
2 s after each pellet injection. 

The transport simulation of the ARIES-I plasma gives a 4 He particle-confuienu :t 
time of approximately 7.76 s. The 4 He ash buildup in steady state is 8.6%. This particle 
confinement is very sensitive to the value of the particle diffusion coefficient and to the 
inward pinch that is assumed in the simulation. It should be noted, however, that the 
assumption of D± = 0.5x± and Vpinch = —1.5 ZJr /a 2 results in plasma-core TPJTE values 
that are in the empirical range for present-day tokamak experiments. 

The steady-state plasma-parameter values from the BALDUR simulations are com
pared to 0-D prediction of the systems code in Table 3.5-II. Good agreement between the 
0- and 1-D values for the ARIES-I plasma parameters were found. The plasma pressure 
and density profiles are found to scale roughly as 

P W = Po - ( § ) T ' » (3-5"6) 

(r) = n ( o ) + n J l - ( ^ H , (3.5-7) 

with ap ~ 1.4 and an ~ 0.3. These profiles were used in other plasma analyses. The 
electron and ion temperature profiles however are not similar, the electron temperature 
being flatter than that of the ions. This difference in the temperature profiles is attributed 
to the flattening of the electron temperature profile due to a more accurate synchrotron-
radiation model in the simulation (Sec. 3.5.1). 
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Figure 3.5-2. Time evolution of the ion (A) temperature and (B) density profiles. 
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Table 3.5-II. 
Comparison of B A L D U R Simulation Results with 0-D Predictions 

for ARIES-I Plasma Parameters 

Plasma Parameters BALDUR 0-D Simulations 

Current-drive power (MW) 

Alpha power (MW) 

Energy confinement time (s) 

Confinement enhancement factor, fn,iUcdet-K 

Particle confinement, time (s) 

Average electron density (10 2° m~ 3 ) 

Average ion density (10 2 u m - 3 ) 

Average electron temperature'") (keV) 

Average ion temperature ' 0 ' (keV) 

Toroidal beta (%) 

Effective plasma charge, Zejj 

Core-plasma radiation fraction, frad 

'He ash concentration (%) 

aye 

97. 97. 

375. 385. 

2.49 2.53 

2.80 2.52 

7.76 9.39 

1.39 1.45 

1.20 1.24 

18.3 19.3 

20.7 20.0 

2.00 1.90 

1.73 1.65 

0.48 0.49 

8.58 10.0 

'"'Density weighted. 
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3.5.3.1. Summary 

The 1-D transport simulations using an empirically benchmarked tokamak plasma-
transport model has confirmed that the ARIES-I plasma achieves ignition using the 
available current-drive power and achieves steady-state barn as long as the T>; enhance
ment factor of 2.8 can be attained. Judging from the improvements in the empirical T[-
values achieved in tokamaks in the last 10 years, this level of confinement appears to be 
a reasonable extrapolation. The 1-D simulation results are in good agreement with 0-D 
predictions. Fueling remains an issue because pellets with reasonable sizes and speeds 
oblate in the outer parts of the plasma, and an anomalous inward pinch appears to be 
necessary to transport the fuel ions towards the plasma center. 

The simulations also show that the Houlberg plasma-transport model not only pre
dicts the plasma density and temperature profiles of certain TFTR and JET discharges 
accurately, but can also be extrapolated to power reactor conditions. It is important to 
note that while Houlberg's plasma-transport model predicts the density profiles used in 
the ARIES-I plasma analyses (a„ = 0.3), there exist other transport models (e.g., the 
theoretical transport model of Singer [25]) that predict even flatter density profiles for 
ARIES-I parameters. Future work in this area will involve a comparison between the 
models of Houlberg and Singer to decide which is more relevant to reactor-grade plasmas 
(comparison between Singer's model predictions and empirical results has been confined 
to ASDEX discharges). 

3.6. SUMMARY AND CONCLUSIONS 

The ARIES-I design is a conceptual commercial reactor based on modest extrapo
lation from the present tokamak physics data base. The ARIES-I design operates at a 
relatively high plasma aspect ratio (A — 4.5), a low Ttlasma current (Ip = 10.2 MA), and 
a high on-axis magnetic field (Ba = 11.3 T). As a result, the poloidal beta is high and a 
high bootstrap-current fraction of 0.68 is predicted. Because of the low plasma current 
and high bootstrap-current fraction, only 3.3 MA of current should be driven by exter
nal means; therefore a steady-state reactor with relatively small current-drive power is 
possible. Systems-code analysis confirms that an optimum first-stability tokamak reactor 
operates with high aspect ratio, low current, and high bootstrap-current fraction. The 
key parameters of the ARIES-I reactor are listed in Table 3.1-1. 

The ARIES-I MHD equilibrium, beta limit, vertical stability, and the plasma trans
port analyses have been described in this section. Generally only modest extrapolation 
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from the near-term physics data base is required. Some particular results of these studies 
indicate that: 

• Diverted plasma with low elongation (1.8) can be created with relatively far-
removed PF coils. 

• Design iterations have led to a minimum stored-energy PF-coil set. 

• A value for the Troyon beta coefficient of 3.2 is sufficient for first stability operation. 

• Passive stabilization of short time-scale axisymmetric iastabilities (c.100 ms) is 
possible with the passive stabilizer elements located behind the blanket (~ 0.6a 
away from the plasma surface). 

• Active stabilization of longer time-scale axisymmetric instabilities is possible with 
modest power demands (several MVAs), 

• The first wall is weakly reflecting, which results in large synchrotron-radiation 
losses. This mode of operation reduces the divertor heat load. 

• Energy-confinement enhancement factors of 2.5 to 3 times L-mode scaling (depend
ing on the scaling model used) are needed to maintain the plasma power balance. 
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4.1. INTRODUCTION 

The ARIES-I design is a conceptual commercial reactor based on modest extrapola
tion from ihe present tokamak physics data base. For a commercial reactor, steady-state 
operation is preferable because of the many undesirable features of pulsed operation 
(such as thermal fatigue of in-vessel components and magnets and the requirement for 
a thermal-energy storage system), which lead to a short reacior lifetime and high costs. 
For an economical steady-state reactor, the recirculating power fraction should be <20%. 
This can be achieved by reducing the amount of plasma current to be driven by external 
means (i.e., minimizing the total plasma current and maximizing the bootstrap-current 
fraction) and also by using an efficient, cost-effective current-drive technique. 

The ARIES-I design operates at a relatively high plasma aspect ratio (A = 4.5), a low 
plasma current ( J p = 10.2 MA), and a high on-axis magnetic field (Ba = 11.3 T). As a 
result, the poloidal beta is high and a high bootstrap-current fraction of 0.68 is predicted. 
Because of the low plasma current and high bootstrap-current fraction, only 3.3 MA of 
current should be driven by external means. Therefore, a steady-state reactor with rela
tively small current-drive power is possible. The key parameters of the ARIES-I reactor 
are listed in Table 4.1-1. For the ARIES-I reactor, fast magnetosonic waves in the ion-
cyclotron range of frequencies are selected as the primary technique for current dri ve. The 
high magnetic field also provides a unique environment for considering fast-wave current 
drive (FWCD) in a frequency range where the attractive features of a folded-waveguide 
antenna can be exploited. Ti-e high-density scrape-off layer (n3 = 0.87 x 102° m " ' ) , as 
required by high-recycling divertors, may facilitate the coupling of wave power to the 
plasma. From safety and environmental considerations, silicon-carbide fiber composites 
are proposed as the structural material for the ARIES-I blanket. For similar reasons, 
this material may be considered in the waveguide launching structures. 

Here, various physics aspects of the: ARIES-I current-drive system are described. 
Section 4.2 describes the selection process, based on the general design philosophy, for a 
suitable current driver. Section 4.3 is devoted to the detailed calculation of the bootstrap 
current in the ARIES-I reference equilibrium. In Sec. 4.4, the physics of FWCD is de
scribed, including the experimental data base, theoretical efficiency, and determination ol 
the required wave spectrum and launching location via ray-tracing analysis. Section 4,5 
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contains a detailed account of the design features of the folded-waveguide Rittenna and its 
predicted performance in ARIES-I in terms of coupling efficien-.y and directivity. This is 
followed by a report on the projected performance of the overall FWCD system, including 
the source. Neutral-beam current drive is considered as an attractive alternative to fast 
waves and, therefore, it is also studied In considerable detail for ARIES-1 (Sec. 4.6). A 
summary of the ARIES-I current-drive system and critical issues are given in Sec. 4.7. 

Table 4.1-1. 
Key P a r a m e t e r s of t h e ARIES-I Reactor 

Major radius, R (m) 6.75 

Minor radius, a (m) 1.50 

Aspect ratio, A 4.50 

Elongation, K, 1.80 

Triangularity, 8 0.70 

Magnetic field at coil, Bc (T) 21.00 
Mag-.stic field on axis, BB (T) 11.33 

Plasma current, J p (MA) 10.20 
Safety factor on axis, qB 1.30 

Edge safety factor, q. 3.90 
Peak electron density, ncU (10 2 u m. _ : i) 1.88 

Average electron density, nc (10™ m~ ') 1.45 
Separatrix electron density, n, (10 2 u m - ' 1 ) 0.87 

Peak electron temperature, T^ (keV) 36.62 
Average (density-weighted) electron temperature, T,. (keV) 19.3 
Volume-averaged electron temperature, T,. (keV) 17.44 
Toroidal b a a , /?, (%) 1.90 
Effective charge, ZrJj 1.65 
Bootstrap-current fraction, Igs/Iji 0.68 
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4.2. CURRENT-DRIVER SELECTION 

Even though the design value of the plasma current in ARIES-I is relatively small 
(because of the high bootstrap-current fraction), a crucial parameter affecting the cost 
of electricity (COE) of the reactor is the efficiency of the current-drive system, measured 
by the figure of merit, -, =; r^cIpR/Pci}- Equally important is the wall-plug to first-wall 
efficiency of the powet delivery system associated with the current-drive technique. Fur
thermore, the system unit cost (iS/W), which depends on the method of power generation 
and transport and on the £ii?.turity of the technology involved within the time frame of 
application, is an important consideration. 

At the same time, there are other important but less quantifiable factors that af
fect the desirability ot a current-drive technique: (1) ensuring the compatibility of the 
current-drive-system components with the high neutron-flux and radiation environment; 
(2) addressing or avoiding neutron irradiation, activation, and tritium buildup in the sub
systems located in front of the shield; (3) minimizing intrusion into the first wall, blanket, 
and shield by the current-drive-system components in order to minimize the impact on 
tritium breeding and normal maintenance procedures; (4) designing for flexibility and 
versatility so that the system can perform multiple functions other than current drive 
(e.g., plasma initiation, current ramp-up, auxiliary heating-to-ignition conditions, central 
plasma fueling, and current profile tailoring for MHD stability and disruption control). 

4 . 2 . 1 . S t e a d y - S t a t e and Pu l sed O p e r a t i o n s 

There is a clear desire to operate tokamak reactors in a pure steady-state mode, if 
the capital cost and recirculating electric power of the current-drive system are not too 
large. These issues were explored in Refs. [1, 2], whe-:^ various pulsed and quasi-steady-
state burn cycles were compared with steady-state operation. In this section, results of 
this comparison study are summarized and the advantages of steady-state operation over 
pulsed operation are elucidated in a quantitative fashion. 

A maximum brrn period, tj> is desirable to minimize damage to plasma-facing compo
nents from thermal fatigue, temperature limits, sputtering, and disruption erosion. Even 
with infrequent disruptions (once per thousand cycles), long burn times [t; > 3000 s) 
are needed so disruption damage does not breach the first wall/limiter or divertor plates 
before the radiation life limit occurs (5-10 operating years, depending on the structural 
material). An ohmic transformer suffers mechanical fatigue with pulsed operation, neces
sitating substantial cost increases to add structural support (reducing cyclic stress) when 
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the number of pulses, N, exceeds ~10 ' . Likewise, out-of-plane bending of the toroidal-
field (TF) coils, due to the overturning torques caused by the equilibrium-field (EF) coils, 
will necessitate expensive structural additions iffy < 7000 s. Such burn goals can barely 
be met with an ohmically driven reactor the size of ARIES-l, even assuming plasma con
ductivity is the Spitzer value {i.e., without neoclassical reductions). Figure 4.2-1 shows 
that tj < 3000 s and N > 105 are more realistic expectations for a pulsed reactor, 

Additional expenses associated with pulsed operation are electric power supplies re
quired for rapid ramp-down and ramp-up between burn pulses and also for thermal energy 
storage during the dwell, as required to keep the turbine generator operating under con
stant power. The study showed that the sum of these two costs is minimized for dwell 
periods of ~ 15-40 s. Even with advanced thermal-storage technology {liquid metals), 
the costs of these combined systems is approximately $400 M for pulsed reactors, which 
should be compared to an estimated 810 M for steady-state operation (assuming long, 
several-minute current-ramp times during start-up). These capital cost penalties associ
ated with pulsed operation are summarized in Fig. 4.2-1. The upper curves show that, 
relative to the cost of the STARFIRE reactor [3] which operated at steady state, the cost 
must be ~25%-40% more for a pulsed tokamak to provide the same performance. 

The STARFIRE design, however, incorporated a very efficient current-drive system 
which had a negligible impact on circulating power and capital cost. Thus, it is impor
tant to quantify the required current-drive performance needed to achieve an economic 
advantage with steady-state operation. This information is presented in Fig. 4.2-2 for 
different capital costs of delivered current-drive power to the plasma and for different 
electrical efficiencies, r\i} of the current-drive system. Taking S1.25/W to be typical of 
fast-wave current drive (FWCD) systems, one finds that the normalized current-drive 
efficiency in the plasma must be 7 > 0.3 in order to have a smaller capital cost than a 
pulsed reactor; whereas 7 > 0.5 is needed to achieve large net power (P„ct > 1200 MW), 
provided a reasonable electrical efficiency (i)j > 0.5) is possible. Analyses of the ARIES-I 
design show that 7 s ~ 1.0 can indeed be achieved with the aid of the bootstrap effect. 
Therefore, it is clearly preferable to elect steady-state operation for the present design. 

4.2.2. Survey of Cu r r en t -Dr ive Opt ions 

Based on theoretical analyses and, in some cases, experimental data on conventional 
current-drive techniques such as neutral beams and electromagnetic waves [4], the pro
jected 7 for reactors fa^i in the range of 0.3-0.6. For this range of 7, systems code 
calculations indicate that the cost of driving currents can significantly impact the cost of 
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Figure 4.2-1. Ohmic burn cycle for BQH — 10 T, 8-m reactor: (A) The total direct cap
ital cost normalized to STARFIRE [3] (upper curves are water thermal storage and near-
term magnet costs, Ci, and lower are liquid-sodium thermal storage and long-term mag
net costs, Cu)\ (B) Net electric power; and (C) Plasma resistance required to obtain tj, 
normalized to Spitzer resistivity, R,p, with Z,.jf = 1.70, Tr = 10 keV, and /„ = 13.0 MA. 
Solid symbols are burn goals for worst case disruptions and thermal fatigue, while open 
symbols are goals for moderate disruption damage (open circle is for limiter's leading 
edge, square is for limiter's front face, and triangle is for the first wall). 
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Figure 4.2-2. Steady-state burn cycle for a 7-m major radius reactor with Te = 12 keV, 
fi2o = 1-9, and Ia = 14.8 MA: (A) Direct capital cost for two values of current-drive-
system cost (EF-coil winding coBted with Cu formula) and (B) Net electric power. 
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electricity of the reactor. Thus in optimizing the current-drive scenario, it is imperative 
that the amount of externally driven current be reduced as much as possible. Fortu
nately, in the tokamak geometry, a self-induced bootstrap current exists in the plasma as 
a result of diamagnetic and neoclassical drift-orbit effects in the collisionless regime [5]. 
The bootstrap current has been indirectly observed in many large tokamak experiment •• 
such as TFTR [6], JET [7], and JT-60 [8]. The recent result from JT-60 is particularly 
impressive. A bootstrap-current fraction as high as 80% was inferred from experimental 
data in a high poloidal-beta discharge (j3p = 3.2) with 20 MW of neutral-beam injection 
power. Indeed, the ARIES-I reactor operates with a relatively high A, low /,„ and high 
0P in order to maximize the bootstrap-current fraction (Sec. 4.3). 

To identify attractive, potential candidates for external current drive in ARIES-I, a 
large number of current-drivs techniques have been surveyed. In general, they can be 
classified into two categories according to the energy range of the particles carrying the 
current: energetic and bulk (or thermal) carriers. In energetic-carrier current drive, the 
externally applied power interacts resonantly with the plasma to create a super-thermal 
non-Maxwellian population in the particle velocity distribution that, when balanced 
against the background plasma in momentum space, creates a net current flowing in 
the toroidal direction. Conventional current-d rive techniques, such as neutral beams and 
waves, fall into this category. Because energy is required to maintain the energetic pop
ulation against collisional thermalization, the current-drive power scales approximately 
as n,.jTK. This implies that energetic-carrier current drive is most efficient in low nr 

and high Te plasmas (conditions that conflict with those required for effective fusion ash 
exhaust and for high-recycling poloidal divertors). 

On the other hand, bulk-carrier current-drive mechanisms impart net momentum 
uniformly to the entire particle population. Examples of this category of current-drive 
technique include ohmic inductive drive, helicitv injection (including ac [9] and dc [10]), 
and compact-torus injection [11]. The latter two techniques rely on transferring helicity, 
or poloidal flux in a tokamak configuration, through relaxation processes [12]. A recent 
addition to the bulk carrier category is the radio-frequency (RF) helicity-injection tech
nique [13] in which a low frequency wave ( / ~ fi,), with helicity content in the form of 
a dominant circular polarization, is coupled into and strongly damped in th j plasma via 
cyclotron resonance processes, thereby transferring poloidal flux locally to the plasma. 
The attractive feature of these technio'ies is that power is dissipated ohmically in the 
plasma and at the edge. This power then scales as T*'^'*, is not n c-dependent, and re
sults in much higher current-drive efficiency than that of energetic carrier drivers. The 
technological requirements for these current-drive systems appear to be modost. 
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The ARIES-I design guidelines call for a conservative approach with respect to ex
trapolation from the present tokamak physics data base. The choice of the current-drive 
technique, therefore, should be based on sound physics understanding and on experimen
tal daia in order to project with confidence its performance into the reactor regime. The 
basic physics of energetic-carrier current drive is generally well understood because of 
a decade of extensive studies [4]. Successful demonstration experiments have also been 
performed, where a fraction or even all of the plasma current was sustained by either 
lower-hybrid waves j]4, 15], neutral beams [16], or fast waves [17]. On the other hand, 
experimental studies of helicity-injection current drive are presently in the preliminary 
stages [18, 19); dc helicity injection, in particular, has met with some success (up to 3.5 kA 
of current driven in CCT) [20]. Nevertheless, the present theoretical understanding of 
these current-drive mechanisms is too weak to permit extrapolation to reactor param
eters with confidence. The key issues appear to be the identification of the relaxation 
process that is responsible for the penetration of the injected helicity, and the effect of 
this process on global plasma properties (e.g-, equilibrium, stability, and confinement). 
Therefore, based on the ARIES-I design guidelines, bulk-carrier current drivers are ex
cluded from further consideration, even though their projected efficiency exceeds that of 
more conventional drivers, 

4.2.3. Current-Drive Techniques for ARIES-I 

For ARIES-1, the conventional energetic-carrier current-drive techniques that have 
been considered include electron-cyclotron waves, lower-hybrid waves, neutral beams, and 
fast waves in the higher-harmonic, ion-cyclotron, and low-frequency ( / < fJ,) regimes. 
More advanced variations of the energetic carrier techniques (including beat waves, rising 
buckets, and stochastic acceleration in the electron-cyclotron range of frequencies) [21] 
and high-power pulsed lower-hybrid waves [22] have not been considered because of in
sufficient physics understanding, no experimental data base, and modest efficiency or 
excessive unit cost. The conventional electron-cyclotron current drive is considered un
desirable for ARIES-I because of its low efficiency (7 < 0.25) and its high unit cost 
(84/W), even though it has the capability of detailed local current-profile control and is, 
therefore, an ideal technique for disruption control. 

A large number of lower-hybrid current drive experiments have been performed on 
tokamaks, often with impressive results [4]. To date, the most notable results come from 
JT-60 [23], where a record 7 of 0.34 was measured. Current initiation, ramp-up, and 
steady-state current drive have all been demonstrated [24), and soft X-ray measurements 
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appear to indicate that the driven current is peaked on the magnetic axis; but, as the 
plasma temperature increases, the window of wave refractive indices for core penetration 
will diminish. Thus in reactor plasmas with T e 0 ~S> 20 keV, lower-hybrid waves will not 
have access to the center of the plasma where a seed current needs to be maintained. 
Because of <ts rather high efficiency, lower-hybrid current drive will be used to ramp up 
the current in the start-up phase and to drive current in the plasma periphery during 
steady-state operation. 

Although the interaction of fast waves in the higher harmonic regime with electrons 
has been demonstrated in present-day tokamaks [17], applicability to reactors as the 
current driver is substantially diminished by the dominant absorption of its power by 
energetic a-particles [25]. Low-frequency FWCD, on the other hand, relies on the weak 
multiple-pass absorption of the wave power by high energy electrons (-u|| >• u l s ) anu, 
therefore, has a high efficiency (7 > 0.4). In fact, it may even be desirable to excite 
moderate- Q toroidal eigenmodes in order to increase the coupling to the plasma. There 
are, however, many unresolved issues related to this current-drive technique: the effect 
of the presence of Alfven resonance inside the plasma on the wave deposition profile, 
the competing wave-absorption processes near the plasma edge, and the potential loss of 
wave spectrum control as a result of wave-number scattering by density fluctuations in 
the plasma periphery. In addition, the scarcity of experimental data in large tokamaks 
and the need to use large launching structures in this frequency range eliminate this 
technique from consideration for ARIES-I. 

The two remaining options, neutral-beam current drive (NBCD) and ion-cyclotron 
range-of-frequencies (ICRF) fast-wave current drive (FWCD), can both be used for 
ARIES-I. Various aspects of these two current-drive techniques have been investigated 
with respect to their applicability to reactors. A comparison of these issues is given 
in Table 4.2-1. The three parameters that directly impact the reactor economics are 
^. system efficiency (ratio of current-drive power to the electric power delivered to the 
source, i))t and system unit cost. Multi-MeV NBCD systems have a higher efficiency 
(7 ~ 0.5-0.6) and high unit costs ($3/W) relative to FWCD efficiency (7 ~ 0.3-0.4) and 
unit costs ($1/W). As a result, the capital cost of the FWCD system is smaller, especially 
if the cost of NBCD building is taken into account, but requires slightly higher recirculat
ing power. The FWCD uses conventional, "off-the-shelf', technology that requires only 
a modest developmental effort to reach the desired performance level for ARIES-I. The 
NBCD, on the other hand, requires an extensive research program to develop practically 
every component in the system and, therefore, the projected system efficiency is less 
certain. 
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Table 4.2-1. 
A Comparison of Fast-Wave and Neutral-Beam Current-Drive Sys t ems 

Neutral Beam Fast Wave 

Current-drive efficiency 

System efficiency 

Unit cost 
Physics understanding 
Experimental data base 

Current drive 

Other 

Auxiliary heating 
Current ramp-up 
Current profile control 

Core penetration 
Impurities 

Technology extrapolation 

Reactor compatibility 

Maintainability 
First-wall intrusion 

7 - 0-5-0.6 (Eb > 2 MeV) 
tj - 0.68 (RFQ) 
ij ~ 0.75 (ESQ) 
S3/W (RFQ & ESQ) 
Very good (simple) 
Good 
(DITE, Dlll-D, JT-60, TFTR) 

{H-mode, bootstrap, 
enhanced L-mode) 

Good (shine-through) 
Fair (shine-through) 
Good 
(column of beamlets, 
tangency radii) 

Good (need high Et) 
Not an issue 

Substantial 
(negative ion source, 
superconducting RFQ, 
laser neutralizes 
RF power supply) 

Fair 
(tritium permeation, 
neutron baekstreaming, 
long beamlhies, 
bulky components) 

Fair 
Acceptable (high-£(, RFQs) 

7 - 0.3-0.4 (improvement possible) 
rj~0.70 (100-200 MHz) 

Sl/W (100-200 MHz) 
Very good (complicated) 
Fair 
(JIPPT1I-U, JFT-2M, 
planned on Dlll-D, JET) 

(H-mode, direct e-hcating on JET, 

JT-60, JFT-2M) 
Very good (need tunable RF source) 
Fair (multiple-pass absorption) 
Good 
(off mid-plane launch, 
spectru:Ti control) 

Very good (natural focusing) 
Minimized by Be coating, 
spectrum peak, SiC wall 
Modest 
(RF power supply, 
RF launchers, 
phase-shift circuits) 

Good 
(in-blanket launchers, 
flexible transmission system, 
good shielding for 
major components) 

Good 
Acceptable (folded waveguides) 
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At present, neutral beams have accumulated a current-drive data base that is su
perior to fast waves. However, it should be noted that direct electron heating via the 
transit-time magnetic-pumping process of the fast waves has been verified in several ma
jor experiments (e.g., JET, JT-60, and JFT-2M) and a definitive FVVCD experiment in 
DIII-D is planned for the near future. From the viewpoint of compatibility with the 
fusion power core, NBCD systems are perceived to be undesirable for reactor application 
because the component complexity and large size negatively impact the maintainability, 
availability, and compactness of the reactor plant. In contrast, an equivalent FWCD 
system does not face these issues because of its flexible and more compact components. 
Based on the above considerations, FWCD is chosen as the reference current-drive tech
nique for ARIES-I and, as such, is the focus of most of the design work (Sees. 4.4 and 
4.5). The NBCD system is also studied as a viable alternative (Sec. 4,6). 

4.3. BOOTSTRAP C U R R E N T 

The presence of the bootstrap current, as verified recently in a series of large tokamak 
experiments [6-8], offers the prospect of reducing the amount of externally driven cur
rent. This possibility becomes particularly important if only moderately efficient current 
drivers are available, as is the case for ARIES-I (Sec, 4.2.3). As a result, maximizing 
the bootstrap-current fraction, ffts = -fes/f/i) is one of the primary tasks in designing 
a viable current-drive scenario for the reactor. For a fixed aspect ratio, increasing the 
plasma poloidal beta, or lowering the equilibrium plasma current, is found to be most 
effective in raising / g j . In the case of ARIES-I, this technique also involves raising the 
safety factor on axis, q0, substantially above unity. Based on the most recent experi
mental data and theoretical predictions, a bootstrap fraction of ~0.7 appears attainable 
in the ARIES-I configuration. In this section, the neoclassical theory and calculational 
model of the bootstrap effect are described briefly. This model is incorporated into an 
equilibrium code coupled to a fast-wave ray-tracing package and used to calculate the 
amount of the bootstrap current of the reference ARIES-I equilibrium. 

4.3.1 . Theory and Experimental Data Base 

In straight magnetic fields, because of the finite extent of the Larmor radii, per
pendicular diamagnetic currents flow in plasmas with density or temperature gradients 
even though the guiding centers of the particles are stationary. An analogous situa
tion occurs in toroidal systems in which a "bootstrap" current [5] flows parallel to the 
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magnetic field because of the finite banana width of trapped-particle drift orbits. This 
effect maximizes in the low-collisionality banana regime i-i which the bananu centers are 
stationary. At large aspect ratio, A, this neoclassical ;ffect was calculated for all colli
sionality regimes and for various ion charge states, Z. A comprehensive summary of the 
derivation is reviewed in Ref. [26], in which the important flux-surface-averaged quantity, 
H(TJJ) = {jtfB) I (B2), is derived. Here jff is the parallel bootstrap-current density, B 
is the field amplitude, and {•) denotes a flux surface average. The quantity B{->1>) is a 
function of the poloidal flux surface and of the several variables characterizing each flux 
surface: local inverse aspect ratio, e = A~\ effective charge, Z, temperatures, Tr and T„ 
densities, ne and n.,, and the various temperature and density gradients. The quantity 
H(ip) is roughly proportional to the gradients, and the coefficients vary with temper
atures and densities as the colHsionality regime changes. Collisionality is measured by 
the effective collision frequencies i/. e and v„i (for electrons and ions, respectively). When 
i/. < 1, a species is well into the banana regime, whereas f* > 1 implies the plateau 
regime (which occurs near the magnetic axis and at the cold edge). 

The inclusion of bootstrap and RF current drive into a self-consistent calculation 
of the axisymmetric tokamak equilibrium was formulated in Ref. [27], and an extensive 
survey of the RF power savings for steady-state operation, due to the aid of the bootstrap 
effect, was provided in Ref. [28]. In the latter reference, the fractional power reduction 
was found to be 

r = 1 - ^ = 1 - - ^ = 0.26(7* A-l,30,„, (4.3-1) 
7* Par-

where C* is a function of the plasma parameters and gradients and /3/„ is the peak 
Shafranov poloidal beta. In the case where IBS *C I P , fgs — T is a good approximation. 
Without bootstrap currents, the RF power, PRF, may be very large for steady-state cur
rent drive; in the presence of the bootstrap effect however, the RF power, Pj(ri may be 
much smaller, so T can approach unity. The first tokamak to reside in the banana regime, 
the beam-heated ISX-B, provided an early test of the bootstrap theory. Analysis called 
to question whether the predicted effect was correct [29], although the plasma profile 
diagnostics on ISX-B may have been inadequate to accurately measure the plasma pa
rameters. In a well-diagnosed toroidal octopole experiment, however, both the bootstrap 
and Pfirsch-Schliiter currents were clearly measured [30]. Soon high-power heating on 
several tokamaks provided resounding evidence of the bootstrap current (e.g., TFTR [6], 
JET [7], DIII-D [16], ASDEX [31], and JT-60 [8]). 



4.3. BOOTSTRAP CURRENT 4-13 

4.3.2. Calculational Model 

During the ARIES-I study an improved theory of the bootstrap effect, which more 
accurately treats finite aspect ratio, was provided by Hirshman [32], and this was incor
porated into the self-consistent current drive and MHD equilibrium solution with the RIP 
code [28]. As will be shown, this more accurate formulation by Hirshman can produce 
significantly different //(V>) values than the Hinton and Hazeltine results [26J. As noted 
earlier, H(i>) is a function of many variables (e.g., 2\ e, vmc, v.,, and the temperature and 
density profiles) so it is difficult to directly compare theoretical results. For this study, 
it was chosen to compute H{ij)) for typical ARIES-I reactors with both the old and new 
theories. Figure 4.3-1 compares normalized H(ip) values at three different flux surfaces 
for a peaked density and flat temperature profile. At finite e (> 0.1) in the banana regime 
[Fig. 4,3-l(B) and (C)], the Hinton and Haaeltine value significantly overestimates the 
correct Hirshman value. 

In contrast, when the density profile is flat and the temperature profile is peaked 
(more typical of ARIES-I), the Hinton and Hazeltine result is much smaller than that 
predicted by Hirshman's theory, as shown in Fig. 4,3-2, Focusing on Fig, 4.3-2{B), it is 
seen that at finite e and deep into the banana regime, the Hinton and Hazeltine result 
is about half of the Hirshman value. The non-monotonic dependence of the Hinton and 
Hazeltine result on v, is incorrect, and this limitation at v. < 10~ 2 was pointed out in 
the original work [26]. 

The problem now is how to utilize the Hirshman formulas, which are accurate at all 
e but only for v, < 1 0 - 2 , in the higher collisionality regimes. This is accomplished in 
the RIP code by using a logarithmic interpolation between the Hirshman and the Hinton 
and Hazeltine formulas in the region 0.1 < v. < 1.0. Since most of the ARIES-I plasma 
has v. < 0.1, the Hirshman result basically determines the expected bootstrap-current 
density. The chain-dashed curves in Fig. 4.3-3 show H(ip) from the Hinton and Hazeltine 
theory and from the revised Hirshman formulation for ARIES-I. The new formula yields 
about 20% larger values, and the bootstrap-c-urrent density is seen to be a large fraction 
of the total current density of the stable ARIES-I equilibrium. 

4.3.3. Predicted Bootstrap Current for ARIES-I 

Guidance in selecting plasma profiles was found by examining BALDVJR transport-
code runs (Sec. 3.3). Several profiles are possible, depending on how the transport co
efficients are chosen. In general, density profiles are expected to be rather flat since 
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Figure 4.3-1. Average bootstrap-current density, {j\\B) = (B2)H{tl>), as a function of 
collisionality on three flux surfaces: (A) near magnetic axis, (B) at mid-plasma, and 
(C) near the edge. ARIES-I equilibrium with nr: ~ 1.5 x 10 2 u m" ' , fr ~ 22 keV, and 
Zrjf = 1.6 is used but assuming u.e = i/.t, and peaked density and flat temperature pro
files (a„ = 1.3, (Xj — 0.1). Horizontal lines are Hirshman's result (valid only for vr —* 0), 
curves are from Hinton and Hazeltine formulation; triangles are Hinton and Hazeltine 
results at ac ;ual collisionality on each surface, plotted at v. = [v.c + u.,)jZ, and open 
circles are Hinton and Hazeltine value in the limit v. = 0. 
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F i g u r e 4.3-2. Average bootstrap-current density, (j\\B) = (B2)H(ip), as a function of 
collisionality on three flux surfaces: (A) near magnetic axis, (B) at mid-plasma, and 
(C) near the edge. ARIES-I equilibrium with parameters similar to those of Fig 4.3-1 
are used with the exception of flat density and peaked temperature profiles (aT, = 0.05, 
CUT = 1.35). Horizontal lines are Hirshman's result (valid only for v, —» 0), curves are 
from Hinton and Hazeltine formulation; triangles are Hinton and Hazeltine results at 
actual collisionality on each surface, plotted at i/„ = (&•„<. -f f- ,)/Z, and open circles are 
Hinton and Hazeltine value in the limit v. = 0. 
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F igure 4 .3-3 . Comparison of two calculations of bootstrap contribution to (j\\B); total 
is the requirement for the ARIES-I reference equilibrium. 

pellet fueling near the magnetic axis is unlikely. The reference equilibrium for ARIES-I 
has: pressure, p(V , )=Po^ Q > density, n(ip) = nBTpa't, and temperature, T(V>) = T0V>"T; 
with a = 1.4, an = 0.3, and c*r = 1.1, where ip is the normalized poloidal flux (unity 
at the magnetic *jua and zero at the separatrix). For comparison with BALDUR (1-D 
profiles), the plasma profiles are plotted versus the horizontal half width in Fig. 4.3-4. 
The pressure curve has been shown stable to ideal-MHD modes, and the temperature 
and density profiles are qualitatively similar to the transport code results. Based on 
studies with these profiles in the TRAC-II power-balance code and the ARIES-I sys
tems code, it was determined to select the following operating points for ARIES-I: 

T c o = 44.2 keV, (volume-averaged fc = 17.4 keV) 
T,0 = 43.5 keV, 
nCB = 1.85 x 1 0 2 0 m " 3 , ( n e = 1.33 x 1 0 2 0 m " 3 ) 
Z = 1.6, 

wi th 0i = 1.9%, I0 = 11 M A , Shafranov poloidal b e t a /?/ = 2.4, a n d the ra t io of peak- to-
average pressures is p0/p = 3,0. In the absence of a bootstrap effect, the reference reactor 
would require Pco = 337 MW for steady-state operation (7 = 0.31). With the bootstrap 
effect, only PgD = 100 MW is needed (fB = 0.98), leading to T = 0.68. Although the 
ARIES-I parameters used in this set of calculations differ somewhat from the reference 
case in Table 4.1-1, the results should apply equally well to the reference case. 
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4.4. PHYSICS OF PAST-WAVE CURRENT DRIVE 

Fast-wave current drive (FWCD) is chosen as the reference current-drive technique 
for the AB.IES-I design. This technique involves accelerating electrons by wave electric 
and magnetic fields along the field lines in th". ion-cyclotron range of frequencies (ICRF). 
Although FWCD efficiency is considered moderate (7 ~ 0.3-0.4) for reactor applications 
and the data base is not extensive, FWCD is considered attractive mainly because of 
its modest technological requirements, high source efficiency, low unit cost ($1/W), and 
excellent integrability into the reactor environment. In this section, the experimental 
data base for FWCD is first reviewed and then a brief description of the theory, in
cluding various factors governing the current-drive efficiency, is given. In particular, a 
calculational model was developed during the course of this design study to account for 
efficiency degradation due to the presence of trapped electrons. This model is then in
corporated into a fast-wave ray-tracing code that computes the RF-driven current profile 
with a given incident wave spectrum from the launchers. Coupled with an MHD equilib
rium solver, which also calculates the bootstrap current, the ray-tracing code gives the 
required radio-frequency (RF) current-drive power for the reference ARIES-I parameters. 

4.4.1. Experimental Status 

There haB been Bteady progress in the experimentation with FWCD. The experimental 
evidence for FWCD was extensively documented at the beginning of the ARIES-1 ;tu<iy 
and detailed analyses can be found in Ref. [33]. The status as of 1988 can be summarized 
as follows: 

• Antennas (waveguides and loops) have successfully launched the fast-wave polar
ization. 

• Current drive depends on the directionality of the launched spectrum, as predicted, 

• Current-drive results agree with the linear electron-damping theory in that the 
effect is largest at phase speeds on the order of the electron thermal speed. 

• The ratio of driven-current to power at a fixed temperature fits the relationship 
neI0R/P = 7 = constant, as predicted by theory. 

• At low frequencies, for which the lower-hybrid resonance is not present in the 
plasma, FWCD occurs at densities much higher than are achievable with slow-
wave (lower-hybrid) current drive, as predicted. 
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• At higher frequencies, FWCD is as good as slow-wave current drive, but possible 
coupling of fast-wave power to the slow-wave branch occurs. 

The successful achievement of FWCD at densities in excess of the lower-hybrid limit 
is shown in Fig. 4.4-1. The additional advantage enjoyed by the fast wave is that the 
parallel index of refraction, iVj|, may be sufficiently low such that the waves can penetrate 
to high temperatures (Te >• 10 keV), in contrast to lower-hybrid waves. 

In the past year additional experiments have further validated the theory of FWCD: 

• A direct comparison of slow- and fast-wave antennas on the same device (Irvine 
Torus) has demonstrated the superior performance of FWCD [34]. 

• Direct electron heating via transit-time magnetic pumping (TTMP) was shown for 
the first time with ICRF (~60 MHz) on JET [35]. 

• Spectral control with a four-loop antenna was shown and linear Landau damping 
and electron heating was confirmed with the fast wave on JFT-2M [36]. 

As discussed in detail in Ref. [33], the achievements of FWCD are beginning to rival 
those of rlow-wave (lower-hybrid) current drive. They include: 

• Gas breakdown and current start-up (Synchromak); 

• Current ramp-up: dl/dt = 0.3 MA/s (JIPPTII-U); 

• Density limit: > 1.3 x 10 1 9 m~ 3 (Synchromak); 

• Radio-frequency-driven current: 0.1 MA (JFT-2M); 

• Efficiency: 7 = 0.04 at 1 keV (JFT-2M). 

On the basis of such increasing experimental support, it is evident that FWCD is a 
reasonable candidate for ARIES-I. 
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Figure 4 .4 -1 . Comparison of slow- and fast-wavt current-drive density limits [33]. 
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4.4.2. Neoclassical Effects on R F C u r r e n t Dr ive 

In an axisymmetric tokamak in steady-state equilibrium, assuming there is no induc
tive electric field, the current dens'ty parallel to the magnetic field may be expressed [27] 
a s J|| = i|f 5 + B{G + H), where jfis is the well-known Pfirsch-Schluter current (which is 
proportional to the pressure gradient) and B is the magnetic field strength. A goal of 
steady-state current drive is to arrange the contributions of the bootstrap current, H, and 
noninductive current, G, so that the resulting MHD equilibrium has desirable stability 
properties with a minimum amount of external driving power. Whereas the bootstrap 
current is caused by the neoclassical orbit effects associated with finite aspect ratio [32], 
it is clear that magnetic trapping will degrade the efficiency of generating current with 
fast waves. 

In this section, an analytic expression is derived in order to provide a convenient 
function for accurate ray-tracing or full-wave calculations of RF current drive in realistic 
toroidal geometries. This analytic approach demonstrates that there are two principal 
neoclassical effects that act to diminish RF current-drive efficiency. For current drive 
at high phase speeds, typically achieved by Landau damping of lower-hybrid slow waves 
resonant at parallel velocities above the electron thermal speed (ve ^C cjjk\\), wave energy 
is added to electrons that are far from the trapped region of velocity space. These current 
carriers, however, will eventually diffuse via collisions until they become magnetically 
trapped and cease to provide a parallel electric current. On flux surfaces with a local 
inverse aspect ratio, e < 0.1, the current-drive efficiency is moderately reduced [37j. On 
the other hand, some waves, such as the low-frequency fast wave (compressional Alfven 
wave), may resonate with low-phase-speed electrons via combined Landau damping and 
TTMP. Since these waves mostly add energy to electrons with low parallel velocities 
(<*>/&ll < vt)) and over a range of large perpendicular velocities (ve < v±), they directly 
interact, to a great extent, with magnetically trapped electrons. As the wave phase speed 
(w/A||) approaches zero, the current-drive efficiency is expected to vanish. 

Both of the neoclassical effects discussed above are qualitatively derived in this sec
tion. However the derivation, which uses Giruzzi's response function [37], cannot be 
quantitatively accurate because of the high-energy approximation assumed for the elec
tron collision operator. Therefore, In addition, the current-drive efficiency is computed 
by integrating the response function, which is computed numerically from the bounce-
averaged adjoint equation in toroidal geometry [38]. These calculations are done for 
several values of ion charge, Z, inverse aspect ratio, e, poloidal location where the wave 
heating occurs, #, a large range of normalized phase speeds, w = uijk^vci and for both 
Landau damping and Alfven-wave types of resonance. Relativistic corrections are on the 
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order of i?{T f f/m ec 2) and are small for plasma electron temperatures (Tc < 50 keV) and 
for the waves considered, so only the nonrelativistic results are presented here. On a given 
poloidal flux surface, ip, the RF-driven current contribution, G, is expressed as [27, 38] 

where jPF is the RF-driven current density, V = dV/di/i is the derivative of the toroidal 
volume, q is the safety factor, pRF is the RF heating power density, and {•) denotes the 
flux surface average, In this normalization, the current-drive efficiency, 7j, is related to a 
dimensionless function, 77, as 

19.2 x 10 l a Te . , 
InA ne 

where /nA is the Coulomb logarithm, ne is the local electron density, and SI units are 
used with the exception of temperatures which are in keV. By comparing the numerically 
determined r\ with the analytic expression, it proves possible to select constants in the T} 
expression in order to closely fit the numerical values over the range studied. The final 
results, ij(Z,e,0,vj), are functions of four variables for both wave types. 

In addition to Giruzzi's work [37], there were earlier studies relevant to this problem. 
For current drive by Landau damping, an early account of trapping effects was provided 
by Coidey, Edlington, and Start [39], and more accurate results have been provided 
recently by the CQL computer code [40]. In both references, however, the bounce-
averaged Fokker-Planck equation essentially assumes uniform flux-surface illumination 
by the RF so no explicit ^-dependence appears. For Alfven-wave heating, even the 
published e = 0 results are inaccurate {e.g., the Fokker-Planck calculation of Fisch and 
Karney [41] resulted in fj typically 20% smaller than the adjoint solution found here) and 
results for the e = 0.1 case in Ref. [42] are quantitatively correct only for w >• 1 because 
electron-electron collisions were neglected. 

In the semi-analytic calculation of T}, velocity-space variables are selected that are 
local to the poloidal position on a flux surface, 8, where the RF heating occurs. The 
electron parallel- and perpendicular-velocity components are normalized to the ther
mal speed, vc = {Tc/mt)^2, as w = v\\/ve and x = vj_/vc, and its normalized speed is 
u — (x2 + w2yt2. If the maximum field amplitude on a flux surface is B.M = B(ij>,iv) and 
the local field is B = B(i(i,9), and defining 

/ B \ , n / B \ - ' / 2 
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then electrons with x < xt are free to circulate along the field line, while electrons with 
xt < x are trapped and cannot contribute to jPF in a time-averaged sense. It is convenient 
to also define pitch angles A = wju and 

A, . ( , - _ ) . (4.4.,) 

Then, trapped electrons have 0 < A < A(, Note that for circular flux surfaces at low beta 
and large aspect ratio, the field is given by B <x 1 — ecos0, where e = rjR0. Then, 

1 - e c o s f l 
A, = 1 1 ^ — • < 4 - 4 ' 5 ) 

If the response function x{wix) is known at 0, then the normalized RF current density, 
j , is found by an integration over circulating-particle velocity space [43], 

j = 2TT / dw dxxS--^, (4.4-6) 
J-oo Jo cm 

where 

S - £ = »!>"/£*, (4.4-7) 
au aw 

assuming linear damping by waves that push electrons along the field lines so that the 
electron distribution remains Maxwellian: / = fe~" ' 2 . The perpendicular velocity de
pendence of RF diffusion differs for Landau damping and Alfven waves [41, 43]: 

( v f 1 Landau damping 

w- ~) x \ , (4.4-8) 
11 V e / ((2-x2)2 Alfven waves 

where D0 is a constant and a narrow fcy spectrum is assumed. Wave heating occurs for 
trapped as well as circulating electrons and the normalized heating-power density is given 
by 

/
°° f00 d fu2\ 

W dxxS-8-»{j)> ( 4 - 4 " 9 > 
where S is the RF-induced flux in velocity space, and 

S - S ( T ) - "'"""'• ( 4 - 4 1 0 ' 
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Note that the velocity-space diffusion, S, is parallel to the magnetic field only at the 
positions 0, where the wave power is transferred to electrons. Although the RF-driven 
current and heating-power densities vary along a field line, it is proposed that the flux-
surface-averaged efficiency is given by the ratio of the local quantities in Eqs. (4.4-6) and 
(4.4-9) as 

V = J/p-

Use of the approximate response function of Giruzzi [37], 

2wu3 

5 + Z 1 [-(*)' 
results in the following partial derivative in Eq. (4.4-7): 

9x 
dw ( * ) ' . 

2(3MW J + w3) 

5 + 2 l + Z ( * ) " 

(4.4-11) 

(4.4-12) 

(4.4-13) 

For a straight magnetic field (,\, = 0), Eq. (4.4-13) reduces to the well-known Fisch-
Boozer result [44]. The derivation of this expression assumed that wave energy is trans
ferred to high-energy electrons, which is a good approximation at w 3> 1. At low phase 
speeds (u/ < 1), this condition can be mildly satisfied {e.g., for Alfven-wave damping at 
e = 0), since the RF diffusion due to Alfven waves is dominated by electrons at x > 1. 
For € 5̂  0, however, the assumption is violated at w <£ 1 since* only electrons with x < 1 
are free to carry current. As will be seen, Eq. (4.4-13) nevertheless results in the correct 
functional dependence of 77 for e < 0.1 and w > 0.2. The next step is to evaluate rj in the 
two phase-speed limits and then seek a uniform approximation over the full range of w. 

At high phase speeds the exponential dependence, / cc e~* I2, cuts off the integrals 
at large x so the approximation x <C w can be used. Then u ~ w in the first term of 
Eq. (4.4-13) and the second term can be neglected. The resulting efficiency at w 3> 1 is 
given by 

8w2 

~ lim -m 5 + Z 
(4.4-14) 

The pitch angle at Ar = wjur has been evaluated with ur = ( a 2 + H I 2 ) 1 / 2 , where xr is a 
constant. Giruzzi suggests evaluating \t for these circulating electrons at an "averaged" 
value of 9, so Xt ~ e 1 ' ' 2, and he finds the exponent a = (5 + Z)/(l + Z), which approaches 
unity as Z becomes large. In order to match the numerical results for rj, Eq. (4.4-14) is 
replaced with J) ~ Rc(e,w)r)0(Z,w), where 

e" (a 2 + w2Y'2 

e" xr + w 
Rc = 1 (4.4-15) 
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and in the w ~> 1 limit, 

8u/J 

* ^ sTz- ( 4 ' 4" 1 6 ) 

The function Rc is a generalization that qualitatively agrees with previous calcula
tions [37, 39, 40] that show a reduction in 17 for e / 0 at w » 1 (assuming xr and e" 
are of order unity), but which also behaves as Rc —> (tu/e"x r ) ae w -» 0. This small-u) 
behavior of Rc, which has not been derived, will be required in order to reproduce the 
correct ui-dependence of fj when w < 1 and e ^ 0. The exponent n will be determined 
by comparison with the numerical results. 

In the low phase-speed limit, the evaluation of ij requires explicit integrations over x 
for p and j ; the integral for p is straightforward, while the endpoint, xt, of integration 
plays a dominant role in j . Since DRF(x) differs for Landau damping and Alfven-wave 
heating, the two wave types are treated separately. Considering Landau damping first, 
we set u = w and A = wjx when w <£. 1, and substitute both terms of Eq. (4.4-13) into 
Eq. (4.4-6). The result is an expression for j involving functions of the form 

J(p,*i) = r'dxxp+ie-x3/2. (4.4-17) 
JO 

To simplify matters, we replace I(p, xi) with a monotonic function of xt, which preserves 
the correct values in both the large and small xt limits, i.e., 

/(P..0 - * T ( ^ ) {l-«p[-Kp) (I) '" 2" 2]} , (4.4-18) 
where 

, ( 1 - A ? ) ™ 2 

Vi = *? = " jr— > ( 4 ' 4 " 1 9 ) 

1 _ P + 2 / p + 2 \ __ = _ _ r ^ _ _ _ J , C4-4-20) 
and r ( s ) is the gamma function. Comparing the various contributions to 77, it is seen 
that terms proportional to w2 are generally negligible, and an adequate approximation 
to the result is 

By/2*3'2 

5 + Z 
where 

D0fwe-W ,2C{e,6,w)M{e,e>w), (4.4-21) 

C = 1 - e - f ' ^ - r , (4.4-22) 

M = 1 + A 0 ( ^ J . (4.4-23) 
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Dividing this by p, the low pliaBe-speed limit, 

r) = 7)0(Z,w)C(t,6,w)M(e,9,w), (4.4-24) 

is obtained where, for w <C 1, 

r,a -+ - . (4.4-25) 
w 

The theoretical value of K is 3\/27r/(5 + 2 ) , which yields the correct asymptotic Landau-
damping form for TJ0 only in the Lorentz gas limit (Z » 1). The actual value should be 
K = Z\/2ijZ [39]. When e ^ 0 and 6 ^ TT, the factor C severely cuts off the current-
drive efficiency at small w, with the corresponding Landau-damping calculation having 
m = 2.5 and c 0 = 0.31. In the factor M, which is expected to be of order unity for w > 1, 
both A0 and k (= a) are functions of Z, but this Z variation will be suppressed in the 
approximate expression for ij. All the constants in Eqs. (4.4-22) through (4.4-25) will be 
adjusted to fit the numerical results for fj at Z = 1.0 and 2.0. 

The derivation of if for Alfven-wave damping in the u t C l limit follows a similar pro
cedure with the appropriate DRF(x) from Eq. (4.4-8) in both the p and j integrals. The 
functions for rj are identical to Eqs. (4.4-22) through (4.4-25) except the constants differ 
from the Landau-damping values. For example, one finds K = 65.8/(5 + Z) which dif
fers from the correct Alfven-wave asymptotic result [43] of roughly K = 30/(0.678 + Z). 
Because fewer collisional electrons at larger x are carrying the RF current, K is of course 
larger for Alfven-wave than for Landau damping. By the same token, the detrimental 
effects of trapping set in more quickly for Alfven-wave damping as w is reduced, resulting 
in a larger m = 4.5, with cB = 0.21. In the factor M, the exponent k should be the same 
as for Landau damping, but the coefficient A0 is calculated to be larger for Alfven-wave 
current drive. 

Since C and M approach unity for large iv, a uniform approximation to the efficiency, 

rj = CMTI0RC, (4.4-26) 

is made. The straight-field efficiency, 7j„, must agree with the limitingfo.rras in Eqs. (4.4-16) 
and (4,4-25), so the following function is adopted: 

K „ 8w 2 , 
Vo = - + C„ + — - = • (4.4-27 

w 5 + Z 
It is expected that the value of C„ will depend on Z. Although an analytic expression 
for C0{Z) is suggested in Ref. [43], the method here is to select both K{Z) and C0{Z) 
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to compare with the numerical results computed for the case6 with e = 0. To this end, 
a series of numerical solutions for r\ were computed, and the analytic function was fitted 
to the numerical results with the various constants given in Table 4.4-1. The analytic 
function agrees to within ±12% of the numerical result over the range of interest: w > 0.5, 
non-negligible rj (> 6), 0 < e < 0.25, Z -- 1 and 2, both wave polarizations, and most 9. 
The exception is for 8 = 37r/4, e = 0.01 for the Alfven wave at VJ ~ 0.5, where the error 
is in excess of 40%; this inaccuracy occurs where f) is a fast-varying function of 9 and w 
and is acceptable for ray tracing in which the actual current generation is due to a broad 
range of w and 6 values. 

The analytic function, rj(e, 6, w, Z), is compared with the numerical results for Landau 
damping in Fig. 4.4-2. Since Landau damping is only important at w > 1 (wave damping 
occurs before w < 1 is reached), the agreement is seen to be quite satisfactory. Note that 
fj is essentially independent of 0 for Landau damping. The reduction of rj with increasing 
e, including the calculated values at e = 0.25, from the CQL code [40]) is substantial. 

Figure 4.4-3 shows that, for the same Z ~ 1.0, the Alfven wave has a larger rj than 
Landau damping when e = 0 or 8 = 7r/2. In realistic situations (e ^ 0, 9 < ir/2), the 

Table 4.4-1. 
Constants in the Analytic Fit t ing Function for rj 

Landau-Damping Case Alfven-Wave Case 

K 6.0/2 23 .83/(0.678+2) 

{ZU™)C0 7.67 8.27 

n 0.77 0.77 

3V 3.5 3.5 

m 1.38 2.48 

Co 0.389 0.0987 

k 3.0 3.0 

A0 0.0 12.3 
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Figure 4.4-2. Normalized current-drive efficiency as a function of normalized paral
lel phase speed for Landau damping and Z ~ 1.0 at four different poloidal angles for: 
(A) e = 0.10 and (B) e = 0.03. The impact of e - • 0 at 0 — TT is also shown. Curves are 
analytic fits and points are numerically derived. 
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Figure 4.4-3. Normalized current-drive efficiency as a function of normalized phase 
speed for Alfven wave and Z = 1.0 at four diiFerent poloida] angles and for: (A) e = 0.10 
and (B) e = 0.03. The impact of e —* 0 at 6 = ir is also shown. Curves are analytic fits 
and points are numerically derived. 
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Alfven-wave result is, however, smaller than the Landau-damping value when w < 1. 
Since ray tracing shows that Alfven-wave current drive is dominated by w < 2, it is 
important to select spectra and launch positions such that w > 1 for FWCD. Finally, 
Fig. 4.4-4 shows a significant reduction of efficiency with Z, underscoring the desirability 
of maintaining a low impurity content. Overall, the analytic and numerical Alfven-wave 
results are seen to be in good agreement over the important range 1.0 < w < 2.0. 

4 .4 .3 . Effects of Transit-Time Magnetic Pumping 

The final modification to the RIP code made it possible to determine whether a ray 
was in thr Landau-damping or transit-time magnetic-pumping (TTMP) regime at each 
™ : " ' In its trajectory. In the Landau-damping case, electrons are pushed by the wave 
electric field, E, while in the case of TTMP, they are accelerated by the | tVB force, 
where ft is the magnetic moment and B is the wave magnetic-field strength. The total 
force that is parallel to the ambient magnetic field on a electron guiding center is then 

az 
(4.4-28) 

where z denotes the parallel direction and e is the electron charge. A discussion of hov; 
the corresponding quasi-linear diffusion coefficient is constructed is given in Ref. [41]. 

It is important to understand that the wave magnetic force on the guiding center 
is only important at high temperatures and rather tow frequencies, so the functional 
dependence of Fz on these parameters must be included in the calculations. Algebraic 
analysis of the plasma dispersion relation reveals that F: can be expressed as 

F2 = e 
dz 

where 

W ~ 

Y = 

Y + (u;2/u,ce 0.) 

2 & ( 2 6 * e - l ) , 

(4.4-29) 

(4.4-30) 

(4.4-31) 

and 0 is the plasma dispersion function. In this expression Q,, is the ion cyclotron 
frequency, wp, is the ion plasma frequency, and 
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Figure 4.4-4. Normalized cunent-diive efficiency as a function of normalized paral
lel phase speed for Alfven wave and Z = 2.0 at four diiferent poloidal angles and for: 
(A) e = 0.10 and (B) e = 0.03. The impact of e -* 0 at 6 = n is also shown. Curves are 
analytic fits and points are numerically derived. 
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In the linear limit, current drive is independent of the amplitude of Fx but sensi
tive to the vx-dependence of Fx; in particular, the point at which Ft(v±) is zero is 
important. With reasonable accuracy, once can replace W with unity, and the result is 
that TTMP dominates the current drive for Alfven wave (i.e., F, = 0 at v± < ve when 
w2/Wp,- < i^ /c 2 ) . In the RIP code, an interpolation between the Landau-damping and 
Alfven-wave current-drive efficiencies is used, based on the ratio of these parameters; the 
plasma quantities are explicitly calculated at each point along the ray path. 

4.4.4. Base Scenario for ARIES-I 

The plasma parameters and profiles were described in Sec. 4.3.3; this section outlines 
the selection of the current-drive parameters needed to provide the seed current for the 
stable equilibrium. It is noted that the majority of the parameters used in this section 
(e.g., R = 7.25 m, a = 1.61 m, Bc = 21.2 T, Ba = U.7 T, Ip = 11.0 MA, q. = 3.3, and 
the ne and Te profiles as given in Sec. 4.3.3) differ from those in Table 4.1-1 for the 
reference ARIES-I. The results, however, should apply well for the reference case. 

The first issue is the choice of wave frequency, / , and a variety of trade-offs must be 
considered. Although FWCD is possible with frequencies from ~10 MHz to ~10 GHz, 
a frequency of 148 MHz was selected with a source tunable to 170 MHz for auxiliary 
heating, after considering the following points: 

• Below the fundamental ion-cyclotron frequency, electron damping is weak, requiring 
multi-pass absorption. Such weak damping inhibits the ability to control the current 
profile. For / > 150 MHz, desirable single-pass absorption occurs. 

• At high frequencies (> 800 MHz), the fast wave might couple to the lower-hybrid 
slow wave, preventing current drive at the magnetic axis. 

• In the range ~60-200 MHz, strong fuel ion-cyclotron damping may occur at discrete 
frequencies. At / < 50 MHz, there is no ion interaction, while above 200 MHz, 
energetic a-particle damping becomes dominant [25]. Figure 4.4-5 shows that 
/ = 148 MHz removes the second-harmonic fuel resonances into the cold plasma 
edge, which results in negligible ion damping. It is also seen that / = 170 MHz 
allows second-harmonic deuterium or proton-minority heating to ignition. 

• Coupling to the ion Bernstein wave may be a problem at moderate harmonics of 
the cyclotron frequency [40), which is another reason to avoid / ~ 200-500 MHz. 
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Figure 4 .4-5 . Ion-cyclotron resonance locations for (A) proton-minority heating at 
170 MHz and (B) electron current drive at 148 MHz. 

• Supra-thermal a-partkles 6trongly absorb the fast wave through Doppler-shifted 
higher-harmonic resonances for / < 800 MHz [25]. 

The second issue in FWCD relates to the launcher location. Outboard launch is 
evidently preferable in terms of ease of engineering and integration into the blanket and 
reactor structure. However, to maximize current profile control, it is desirable to absorb 
significant FWCD power off axis and locating the FWCD launcher Bomewhat above the 
mid-plane is helpful. Figure 4.4-6 shows five fast-wave rays emanat ;ng from the launcher 
at heights up to ~1.6 m above the equatorial plane, and two lower-hybrid rays launched 
from the mid-plane region. 

The poloidal mode-number power spectrum is also a factor to be considered. The 
rather localized position of the antenna dictates a broad poloidal spectrum and fairly 
high mode numbers are included in the ray-tracing calculation, as suggested by the 
antenna-coupiing calculations [45]. To a larger extent, the poloidal mode numbers can 
be controlled by introducing a phase sliift between two poloidally stacked modules, as 
outlined in Sec. 4.5. 



4-34 CURRENT DRIVE 
3.0 

2.5 

2.0 

1.5 

1.0 

0.5 

S 0.0 

-0.5 

-1.0 

- l . S 

-2.0 

-2.S 

-3.0 
S.5 6.0 E.5 7.0 7.5 0.0 6.5 9.0 

H W 

Figure 4.4-6. Ray trajectories of 148-MHz fast wave (N^ ~ 2.0) for current drive 
launched above mid-plane (#5-9) , and strongly damped lower-hybrid rays (8.0 GHz) 
launched at mid-plane (#2,3). 

The final issue is the selection of the spectrum in JVj|. Test rays were launched with 
many incident JV|| values in order to assess the spatial damping patterns and current-drive 
efficiency. It was found that the current-drive efficiency is quite insensitive to N\\ over 
a broad range (~1.5-2.5). The converged RF and MHD equilibrium solution, shown in 
Fig. 4.4-7, uses five fast-wave rayB to represent a continuous power spectrum; additional 
lower-hybrid power (8.0 GHz) is supplied to provide the current density near the edge. 
As shown, the bootstrap effect contributes greatly to the result. 

The final solution used 100.1 MW of FWCD power launched into the torus. The ray 
calculations were stopped with 6.9 MW of power left, so actually less than 100 MW was 
used for current drive. The central temperature was Teo cs 44 keV, so the electron target 
plasma is mildly relativistic near the axis. Based on Ref. [43], the normalized current-
drive efficiency is expected to be slightly increased by a factor of ~ 1 + (TKOjmc2) and, 
if this credit is taken, it is expected that only PFW ~ 92 MW is needed for ARIES-I. 
The lower-hybrid power, Pm c: 5 MW, is quite small, with a spectrum centered near 
the accessibility limit, JV|| = 1.4. 
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0.2 0.4 0.6 0.8 I 

Figure 4 .4-7. Converged, stable AB.IES-I equilibrium with FWCD and bootstrap con
tribution: (A) Current profile contributions from fast wave, G, bootstrap effect, H, and 
the sum of G + H; (B) Toroidal current profile at mid-plane; (C) Projection of five rays 
( # 3 : lower-hybrid; # 5 - 8 : fast wave) onto minor cross section; and (D) Safety-factor 
profile at mid-plane. 
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4.4.5 . Cri t ical Issues 

Throughout this study, a number of areas needing investigation have been identified 
with regard to FWCD for steady-state tokamaks. These are: 

• Detailed studies of a-particle damping of the FWCD, including spatial and velocity 
distributions of the o-particles; 

• Comparison of ray-tracing and full-wave calculations at low (ICRF) frequencies; 

• Pressure profile control, in conjunction with current profile tailoring, which may 
allow access to higher stable Troyon ratios; 

• Fast-wave current-drive experiments (e.g., on DIII-D or JET) at Tro > 5 keV; 

• Upgrading the RIP code to include inductive currents, which will allow start-up 
and transformer-recharge simulations, in addition to bootstrap-current generation. 

4.5. FAST-WAVE CURRENT-DRIVE SYSTEM 

The ARIES-I design uses fast waves in the ion-cyclotron range of frequencies (ICRF) 
to drive the current, in addition to the naturally occurring bootstrap component. The 
frequency considered ( / = 141 MHz) is close to that which commonly has been used 
in ICRF heating experiments to date ( / < 100 MHz), so that only modest extrapolation 
from present technology is foreseen as necessary. The current-drive system consists of the 
radio-frequency (RF) source or generator, transmission line, phase-shift circuit, matching 
system, and the launcher which interfaces with the plasma. In this section, a description 
of the various component designs is given. The performance of these components domi
nates the overall system efficiency which, in turn, determines the amount of recirculating 
power in the reactor. Because the main goal of the design is to minimize this recirculating 
power, special emphasis is placed on the launcher and the RF source. In areas where a 
data base or analytical tools are lacking (e.g., in the folded-waveguide design), prudent 
projections of the performance parameters have been used. Critical areas where R&D is 
needed have also been identified. 
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4.5.1. Fo lded-Waveguide Launcher 

The folded-waveguide antenna [45] is proposed as the basic wave-coupling unit for 
the FWCD system. Each launching unit consists of a T E 1 0 ] rectangular cavity folded 
several times in the long transverse dimension, with the same field pattern polarized with 
.aspect to the folded path (shown in Fig. 4.5-1). Wave power is coupled to the plasma 
via openings in the front, while a shorting plate is located at the back end of the cavity 
to match the waveguide impedance at the aperture to the plasma surface impedance. 
The resonant field structure inside the waveguide ensures relatively low electric fields 
at the coupling aperture. Attractive features of this innovative launcher concept in
clude: (1) high power-handling capability (~40 M W / m 2 ) which is -~4 times that of loop 
antennas, (2) a radiated field pattern similar to that of a loop antenna, (3) a simple 
configuration that can be adapted to a variety of port sizes and shapes, and (4) a robust 
structure making it resistant to normal disruptive loads. Even though loop antennas 
almost exclusively have been used in ICRF fast-wave experiments to date, their complex 
configurations have always been perceived as a drawback in reactor applications [46]. 
As such, the folded-waveguide coupler appears to be an attractive substitute for loop 
antennas in future devices. In addition, the high FWCD frequency (~140 MHz) asso-

Figure 4.5-1. Normal-(unfolded-) and folded-waveguide cross sections and field polar
izations. 
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ciated with the high magnetic field (~11 T) in ARIES-I further reduces the size of the 
waveguide and provides a unique environment for exploiting the favorable features of the 
folded waveguide. 

Extensive low-power bench tests [47, 48] of the folded-waveguide concept were carried 
out at the Radio-Frequency Test Facility (RFTF) at Oak Ridge National Laboratory 
{ORNL), Both scaled-down and 80-MHz fu.'1-size versions of the waveguide were tested. 
Power was fed in with a coaxial line tapping the central member of the vanes separating 
the folds. With the waveguide coupled to free space, the field patterns both inside the 
cavity and outside the aperture were measured by magnetic probes and shown to agree 
well with theory. The most important result was that the measured field decay in the 
radial direction in front of the waveguide exhibited characteristics similar to those from 
a loop antenna of roughly the same size. Fast waves, therefore, can be launched easily 
from these structures. 

Recently a series of high-power tests were performed on the 80-MHz waveguide at the 
same facility [49, 50]. All measurements were made in either vacuum or air. Some of the 
key results include: 

• Pulse mode operation with 25-ms, 30-kW pulses and with a 5% duty cycle was 
achieved, with a maximum calculated electric-field strength, Emax = 17 kV/cm, 
inside the cavity. The test was limited to one second because of structure heating. 

• A record Emal = 43 kV/cm has been reached with low duty-cycle pulses at a power 
level of 200 kW [51]. 

• Typical electric fields inside the cavity are about half of those for a loop antenna 
transmitting the same power, implying that the power handling capability of the 
folded waveguide can be four times that of the loop. In addition, typical values of 
the parasitic electrostatic fields at the waveguide mouth, which are perceived to be 
responsible for impurity generation, are weaker by a factor of 40 when compared 
to loops under the same conditions. Further experiments are planned to verify this 
claim. 

• Multipactor breakdown, perceived to be an issue because of the large surface area 
inside the guide, was controlled successfully with prolonged baking by external 
heaters (e.g., at 150°C for three days) with subsequent RF conditioning. 

The general conclusion from these experiments is that the high-power potential for the 
folded-waveguide launcher has been confirmed. 
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A schematic of the folded-waveguide unit designed for 141-MHz operation in ARIES-I 
is displayed in Fig. 4.5-2, with its dimensions and projected performance parameters 
listed in Table 4.5-1. Each guide will have six folds, each with a vertical height of 10 cm. 
To a good approximation, the cavity radial thickness, tg, is given by 

tg = , ° - 5 A ° (4.5-1) 

where A„ is the free-space wavelength and Lg is the transverse-folded path length. To 
accommodate the launcher in one of the ARIES-I blanket modules, tg needs to be short
ened. By choosing l g = 1.80 m, which is far above the T E ] 0 cutoff but slightly below the 
TE20 cutoff, one finds tg = 1.32 m. Further reduction of tg can be achieved by introducing 
a diaphragm structure inside the waveguide, as described in Sec. 4.5.2. 

The toroidal width of the folded guide is set to a quarter-wavelength (0.3 m) of the 
dominant iVy (= 1.77) wave component of the launched spectrum. To avoid destructive 
interference of the fields from adjacent folds in the poloidal direction, the front of the 
guide is covered with a conducting, polarizing plate (Fig. 4.5-2) that completely shields 
out the waveguide fields from the plasma in alternate folds. In the open area of the plate, 
Faraday shields, in the form of rows of conductor strips parallel to the magnetic field lines, 

TOROIDAL 

RADIAL 

Figure 4.5-2. Isometric view of folded waveguide (without a diaphragm). 
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Table 4.5-1. 
ARIES-I Folded-Waveguide Parameters 

Number of folds 6 

Unfolded-waveguide height (m) 0.10 

Toroidal width (m) 0.30 

Toroidal width of vane (m) 0.20 

Poloidal height (m) 0.60 

Unfolded-waveguide width (m) 1.80 

Radial thickness (without a diaphragm) (m) 1.32 

Radial thickness (with a diaphragm) (m) 0.80 

Diaphragm thickness (m) 0.20 

Diaphragm gap width (m) 0.04 

Power transmitted (MW) 4.0 

Coupling efficiency 0.99 

Peak electric field (kV/cm) 25.0 

Electric field at aperture (kV/cm) 1.34 

are installed to short out the E\\ fields at the bends and to obtain optimal coupling to the 
fast-wave polarization. To isolate the synchrotron radiation from the cavity and the rest 
of the RF system, double rows of Faraday strips may be required. These metal strips 
should be shaped and arranged to minimize their transparency to the radiation while 
retaining their transparency to the RF wa^es. At the back plate, a tapered coax, which 
is 10 cm in diameter at the feedpoint {Fig. 4.5-1), is used to inductively couple the power 
into tl.e waveguide. In principle, the locations of the back plate and the feedpoint, and 
the generator frequency can be adjusted to obtain a match between the plasma load and 
the feeding coax. The flat plates, or vanes, that separate the folds can be contoured to 
minimize the local electric field; in particular, the radii of curvature of the vane tips near 
the bends should be expanded. 
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4.5.2. Special Launcher Design Fea tu res 

The ARIES-I blanket structural material is chosen to be silicon-carbide (SiC) com
posite because of its low activation, low decay afterheat, high strength, and other fa
vorable thermomechanical properties (Sec. 8). For similar reasons, it is proposed that 
the launcher for the FWCD be built of SiC composite coated with copper. Well-proven 
coating techniques such as plasma spraying or chemical vapor deposition (CVD) pro
cesses can be used. It is believed that the bonding between the metal and the composite 
surface will be strong enough to withstand both the shear and "peeling" forces exerted 
on the interface during disruptions. It should be noted, however, that a data base for 
this aspect of the Cu/SiC interface does not exist, and that future experiments should 
be carried out to qualify the above statement. 

Usually a coating thickness of several skin depths is sufficient to form a perfect metal 
surface on the SiC-composite waveguide structure. The skin depth, S, of a wave with 
frequency, / , is given by 

' - i-h)' 
where the conductor resistivity, p, is sensitive to the purity of the metal. In the presence of 
a neutron flux, nickel is the main impurity in copper, and at a wall loading of 3 MW/m 2 , 
typical of ARIES-I, the Ni concentration, Ijv,- (in wt %) , accumulates at a rate of [52] 

yA., ~ 0.67f„ , (4.5-3) 

where tv is the number of years of exposure. At the first-wall operating temperature of 
800 K, the Cu-Ni resistivity evolves as [52] 

pcu-w{n-m) ^ 5.0 x 10~ 8 + 1.25 x 10" 8 YNi. (4.5-4) 

At the end of 10 years of operation, the skin depth for the irradiated copper will be 14 fim 
so the coating thickness can be set conservatively at 50 ^im. 

Assuming perfect bonding between the Cu coating and the SiC surface, an assessment 
is made of the forces exerted on a single folded-waveguide structure during a plasma 
disruption [53]. At a projected current-decay rate of 1 MA/ms and using typical ARIES-I 
parameters, the currents and forces induced on the various parts of the launcher are 
given in Table 4.5-II. In the case where there is no support for the waveguide except 
at the rear wall, the calculated shear stress is about 26.4 MPa, which is about 1/10 

(4.5-2) 
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Table 4.5-II. 
Dis rup t ion Forces on a Waveguide Launcher 

Top/Bottom Sides/Front/Rear 

Equivalent resistance (mfJ) 4,0 1.36 

Current (A) 1500 4412 

Force (kN) U.7 34.4 

of the ultimate tensile strength for SiC composites at the operating temperature. The 
stress can be greatly reduced by providing periodic support (in the form of a picture 
frame made of SiC composite) along the tops and bottoms of the waveguide launchers. 
Since the structure derives its strength primarily from its compact shape, the waveguide 
wall thickness will have minimal effect on its integrity under stress. The wall thickness, 
therefore, is determined solely by the cooling requirement and 0.5 cm appears to be a 
reasonable choice. 

In order to fit the waveguide launchers into one of the ARIES-I blanket modules, the 
radial thickness of the waveguide must be reduced to 0.8 m. As discussed in Sec. 4.4.1, 
the designed thickness of a folded waveguide at / = 141 MHz is 1.32 m and further 
reduction is obviously required. This can be achieved, for example, by introducing into 
each waveguide a simple diaphragm structure of finite thickness [54] and made of Cu-
coated SiC, as shown in Fig. 4.5-3. This diaphragm {or obstacle) is a transverse ridge 
placed midway along the waveguide axis. At this location, the vertical height of the guide 
is reduced from b to b', giving the diaphragm an aspect ratio of b'/b. The diaphragm 
then functions as a capacitive phase shifter that effectively reduces the waveguide axial 
wavelength. 

Approximate design curves for the waveguide thickness, tg, as a function of the di
aphragm thickness, to, and aspect ratio, b'/b, are shown in Fig. 4.5-4 for the transverse 
dimensions given in Table 4.5-1. To achieve a tg of 0.8 m, the required obstacle should 
be 0.2-m thick and 0.06-m high. A rough estimate, in which only the fundamental cavity 
mode is accounted for, indicates that the peak electric field is approximately doubled at 
the same stored wave energy because of the presence of the diaphragm. The higher field 
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Figure 4.5-3. Front and side views of (A) an unfolded-waveguide cavity without and 
with diaphragm and (B) a folded-waveguide cavity with diaphragm. 
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Figure 4.5-4. Radial thickness of waveguide unit as a function of diaphragm thickness. 

may lead to increased wall dissipation of the wave energy, which potentially can cause lo
cal hot spots. However, in principle, this problem can be greatly alleviated by contouring 
the shape of the obstacle to reduce the local electric-field strength in a manner analogous 
to increasing the radii of curvature of the vane tips. It is evident from the cavity mode 
structure that peak dissipation •-.urs at the front and back ends and at the side walls 
midway along the waveguide axis. To cool the structure, horizontal tubes, using pres
surized helium-gas coolant, can be placed near the ends without affecting the waveguide 
performance, while the diaphragm in the middle can provide space for coolant flow and 
extra support for the vanes, if desired. It should be noted that , while the appropriate 
design tools are being developed, a detailed picture of waveguide wall dissipation in the 
presenc. of a diaphragm, and the corresponding cooling requirements, is presently out 
of ieach. Nevertheless, it is felt that as long as the dissipated power is kept to a fow 
percent of the coupled power (i.e., ~200 kW per guide), the required cooling should be 
manageable. 

4.5.3. High-Performance Launcher Option 

Making use of the special properties of the SiC composite, a further enhancement 
of the launcher power-handling capability may be possible, but it is not a necessity for 
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ARIES-I. The electncal properties of a ceramic material like SiC can be characterized by 
the complex relative permittivity, e = e' — je", where e' is the relative dielectric constant 
having a range of 6.7-10.0, depending on the frequency [55]. The imaginary part of e 
consists of two components: e" = (cr/u>e0) + x"{u) [56], which represents dissipation in 
the medium. The first component is due to conduction of free charges, such as electrons, 
ions, and holes, and is characterized by a, the d t electrical conductivity. The value of 
tr depends on the atomic structure of the material and, for composites, can be tailored 
to a wide range of values by doping the material with conductor impurities. The ot-SiC 
crystal conductivity ranges from 10~ 8 to 10 e mho/m, while the /J-SiC crystal value of <r 
is reported to be between 0.1 and 10'4 mho/m [55]. Introduction of elemental additives 
such as beryllium, boron, or aluminum produces the most pronounced effects [57). For 
instance, SiC with adJed Be (1 wt %) showed an extremely low conductivity of about 
3 x 10~ 1 2 mho/m, while SiC with added B or kl had er values of, respectively, 5 x 1 0 - 3 or 
1.25 x 10 2 mho/m. In general, ionizing radiation due to gamma rays tends to raise a and 
is mainly a flux-dependent effect. On the other hand, neutron irradiation will produce 
microscopic defects that constitute phonon scattering sites, leading to a decrease in <r. 
Apparently temperature also has an effect on the value of IT during ionizing radiation, 
but the data in this area are still evolving. Nevertheless, it is clear that the electrical 
conductivity of SiC can be tailored to desired values. 

The second component of e", x"{.w)i ' s the imaginary part of the electric susceptibility 
of the material and is highly frequency dependent. This wave absorption mechanism 
arises from polarization effects on the bound charges within the material [58J. Among 
these effects are electronic and atomic polarizations characterized by large restoring forces 
and small damping effects, leading to resonance absorpHon usually in and above the 
infrared regime. Other processes such as dipolar and interfacial polarizations involve 
large damping effects that result in relaxation-type absorption in the microwave range of 
frequencies. To a large extent, the exact spectral locations of these absorption phenomena 
depend on the atomic and molecular structure of the material. For example, SiC is not a 
dipolar material, but radiation-induced defects may create asymmetrical molecules that 
have permanent dipoles so the associated relaxation absorption cannot be overlooked. 

An extensive literature search reveals that for most non-irradiated ceramics, the loss 
tangent, tan if = e"/^, has measured values of 10~ 5 to IQ~2 in the 1 MHz to 300-GHz 
frequency range '59]. On the other hand, data in the 1 to 3 THs range, corresponding 
to the synchrotron radiation spectrum for ARIES-I, are extremely rare. Data on the 
absorption spectra for SiC are virtually non-existent and must be inferred from similar 
data on common ceramics such as spinel and alumina [60]. Irradiation experiments on 
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these materials indicate that enhancement in tan 6 as large as several orders of magnitude 
is possible, but it can be controlled by careful tailoring of their romposition. 

At / = 141 MHz, the free-space wavelength of the fast wave is much larger than the 
wall thickness of the waveguide cavity (~0.5 cm). As an illustration, with e' = 10, the 
transmissivity of the wave through a 1-cm-thick SiC slab is found to be 99% just because 
of dielectric effects. To limit RF dissipation in the slab to less than 1% of the transmitted 
power, the loss tangent of the material has to be less than 0.125. This property should be 
easily satisfied for irradiated SiC with a careful selection of its composition, and the slab 
can be made transparent to the wave. The waveguide launcher can then be envisioned 
as a closed rectangular box made of thin (< 1 cm) SiC walls, with the polarizer and the 
Faraday shield in the front wall formed by the application of a copper coating of the 
appropriate pattern, as described in Sec. 4.5.2. The inside of the cavity can be pumped 
down to a high quality vacuum (< 10~ 7 torr) which, together with its complete shielding 
from plasma particles and its well-conditioned inner surface, enhances the possibility 
that ultra-high electric fields (3> 50 kV/cm) can be sustained without breakdown. As 
a point of reference, spark-over at 120 MHz was estimated to occur at a field level of 
approximately 120 kV/cm in vacuum without a plasma close by and without an ambient 
magnetic field [61]. There are, however, two main concerns: surface breakdown and 
vacuum integrity of the composite, neither of which has an adequate data base at present. 
Another concern is the integrity of the bonding between SiC and the Cu coating at high 
temperature operation, since Cu has a. thermal coefficient of expansion four times that 
of SiC. This may be solved by embedding a fine copper-wire mesh inside the SiC wall, 
which essentially serves as a reflecting surface to the fast wave. 

4.5.4. Wave Coupling Analysis 

The coupling of the wave power from the individual waveguide to the plasma is 
investigated using the FWQ code [45], This code approximates the fields inside the iolded-
waveguide cavity which is modeled as a narrow-height rectangular waveguide containing 
a series of inductive diaphragms at the front and a shorting plate at the back of the 
waveguide. The plasma is modeled as a semi-infinite medium, with a surface impedance, 
Zp, that is separated from the waveguide mouth by a vacuum region of thickness, A. 
Approximating the form of the vacuum d, evaluating the cavity thickness, ta, from 
Eq. (4.5-1), and applying the condition of power flux continuity at the waveguide mouth, 
the field pattern and its magnitude are completely determined in terms of the power 
coupled to the plasma, Pc. Another important quantity that is calculated by FWQ is 
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the coupling efficiency that is defined as 

where Pn is power lost to the walls of the coupler and Qt and Qu are the quality factor of 
the cavity with and without plasma, respectively. Using the equivalent unfolded-coupler 
model and assuming that only the TE l ( v fields contribute to the wall losses, Qu can be 
approximated by 

Qu * g - O , (4-5-6) 

where r)0 (= 377 Si) is the free-space intrinsic impedance, G is a geometric factor, and 
R, is the cavity-wall surface resistance. The plasma-loaded quality factor, Qi, can be 
estimated from 

Qt = - ^ , (4.5-7) 

where UE is the energy stored in the wave electric fields of the system. 

To calculate Zp for ARIES-l, the scrape-off-layer density profile must first be cast 
into a 1-D form [62]: 

I ^r"' * = n §~a

 x > x ° 

(4.5-8) 
where x is the inward radial direction, a is the minor radius, na is the peak density, 
n = 2n0x0/a, and 

/ oc2fi? Y n 

with Qi and wp l c, being, respectively, the ion cyclotron and peak plasma frequencies. 

As shown in Fig. 4.5-5, the scrape-off layer in ARIES-I is 0.1-m wide and has a high 
density and a relatively large density gradient, typically with nc = 8.7 x 10 1 9 m - 3 at the 
separatrix and 2.5 x 10 ] a m " 3 at the first wall. Thus, the coupling of fast waves to the 
plasma is dominated by the separatrix region of the scrape-off-layer density profile. An 
equivalent plasma radius, a', is used in Eq. (4.5-8) by setting 2n0/a' = dn/dx at a repre
sentative point near the eeparatrix. After several tries, a value of dn/dx ~ 1.50 x 10 2 1 m - ! 
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F i g u r e 4.5-5. ARIES-I scrape-off-layer density profile calculated by the EPIC code 
(open squares) and the model density profile used in waveguide coupling calculations 
(open circles). 

is chosen, with a' = 0.25 m, x0 = 0.027 m, and ti = 4.12 x 10 1 9 m~ 3 . This model density 
profile, as characterized by Eq. (4.5-8) and displayed in Fig. 4.5-5, appears to be a rea
sonable fit to the calculated profile. With fast-wave wavelengths that are long compared 
to xa, the plasma surface impedance Zp at x = x, is given by [62] 

Zp(xa) = 3.117wyx„z 0, (4.5-10) 

with x, defined as the radial location where E\\ — 0 and n(x3) — Q.Sri. Knowing h and the 
scrape-off-layer density profile, the location xa is found to be —0.005 m or, equivalently, 
the distance between the plasma surface and the waveguide mouth (A = 0.039 m). Us
ing these parameters as inputs to the FWQ code yields the following results: £,, = 98.5 fl, 
T)g = 0.99, Epeak — 25.0 kV/cm, and Eap!:Tiurc = 1.34 kV/cm for a coupled fast-wave power 
of Pc = 4.0 MW (Table 4.5-1). The valuf of the peak electric field (25 keV/cm) is consid
ered modest in comparison to the maximum standoff field already achieved in high-power 
ICRF heating experiments (~40-50 kV/cm). The low electric field at the waveguide aper
ture and the large distance of the peak field location from the plasma surface (^-0.4 m, 
with diaphragm) makes this launcher system less susceptible to impurity generation. 
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This problem may also be mitigated by the launching of a unidirect.onal wave spectrum 
peaked at a finite % as in ARIES-I. To couple a waveguide array to a umd.rect.onal 
wave spectrum, some modification to the above results is in order and w,ll be dxscussed 
in Sec. 4.5.5. 

4.5.5. Phased-Array Launcher Design 

Toroidal phased arrays of the folded-waveguide units are required to generate a cur
rent profile with FWCD power which, together with the inherently driven bootstrap 
current, forms the equilibrium current profile. The overall launching system consists of 
two poloidally stacked waveguide modules located above the equatorial plane on the out
board side. The configuration is shown in Fig. 4.5-6 and the operating parameters are 
listed in Table 4.5-IIL Note that the nominal power flux of - 4 0 MW m hrough the 
waveguide aperture is four times the maximum achievable value of - 1 0 MW/m for loop 
antennas. 

UPPER MODULE 

JNNN\/V\/\AAAA/, 

LUNIWMVI/VIAA 

IMMUk/X/VVXAAA/. 

/X/k/VlAAAAAAAs 
Vl/k/VlAAAAAAAs, 
WVVlAAAAAAAs. 

LOWER MODULE 

^ P 
POLOIDAL 

TOROIDAL 

RADIAL 

Figure 4.5-6. Isometric view of two poloidally stacked, 12-waveguide modules for cur

rent drive and profile control on ARIES-I. 
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In order to launch the desired unidirectional wave spectrum centered at iV|| = 1.77, 
each module comprises a toroidal array of 12 waveguides, each of which is fed by a coax 
with a 90° phase shift between adjacent units. Each module will then have a toroidal 
width of 4.25 m x 0.7 m, including the 0.5-cm-thick waveguide walls. The overall cou
pling system occupies approximately 0.96% of the total first-wall area. Simulations with 
a 2-D magnetostatic loop-antenna code, CAV2D [63], indicate that a maximum directiv
ity of 0.95 is possible with such a module. The corresponding power spectrum evaluated 

Table 4.5-IH. 
Design Parameters of F W C D Launcher S y s t e m 

Per module 

Number of folded waveguides 12 

Wall thickness (cm) 0.5 

Toroidal width (m) 4.25 

Poloidal height (m) 0.70 

Radial thickness (m) 0.80 

Relative phase shift {") 90 

Peak refractive index 1.77 

Directivity 0.95 

Coupling efficiency 0.97 

Power delivered (MW) 48 

Overall system 

Number of modules 2 

Poloidal locations of modules (°) 25, 46 

Total power delivered (MW) 96 

Total first-wall perforation (%) 0.96 
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at the plasma surface is displayed in Fig. 4.5-7. The finite poloidal extent of each mod
ule introduces a non-negligible spread in the poloidal wave-number spectrum that is 
symmetric around N$ = 0. By properly phasing the two launcher modules, a degree of 
directionality, which is required for current profile control, could be introduced into the 
poloidal wave spectrum, as outlined in Sec. 4.4. 

The analytical tools for accurate evaluation of the coupling efficiency of the launcher 
modules have yet to be developed. However, a rough estimate of the coupling efficiency 
can be made by comparing the reflectivity of PWCD power from the plasma surface 
between incident spectra centered at JV|| = 0 (single-waveguide case) and JV|| = 1.77 (12-
waveguide case). The reflectivity values are, respectively, 0.31 and 0.66. Thus, for 
the multiple-waveguide case, at least twice as much power is reflected back into each 
individual waveguide as with the single-waveguide case. This means that , for the same 
transmitted power, at least twice as much power is dissipated in the walls for the phased 
array. As indicated in Table 4.5-1, the coupling efficiency for a single guide is 99%; 
conservatively, in the ARIES-I design, the coupling efficiency for the launcher modules 
is taken to be 97%. 
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Figure 4.5-7. Power spectrum at the plasma surface from the 12-waveguide launcher 
module for ARIES-I, calculated by the CAV2D code [63]. 
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4.5.6. Design and Performance of the RF Sys tem 

The FWCD has a relatively modest efficiency (7 ~ 0.35) and, therefore, maximizing 
the overall electrical efficiency of the RF system becomes critical in order to minimize 
the amount of recirculating electric power in the reactor. Primarily because of the low 
frequency that is used, it is anticipated that this system will utilize mostly "off-the-shelf 
technology, and only a modest development program will be required to upgrade the 
performance parameters of its key components to the desired levels. Unit costs of the RF 
system are significantly lower because the number of sources is reduced. Thus, emphasis 
of the design effort has been focused on the development of a high-efficiency (~90%), 
high-unit-power (~5 MW) RF source. As for the rest of the system (i.e., transmission 
line, phase-shift and matching circuits, and waveguide feeds), only a brief description will 
be given together with an estimate of their efficiencies. 

The designated frequency range of operation for the RF current drive and heating 
system is 140-175 MHz, which is out of the realm of efficient operation of the conventional 
tetrode because of excessive screen dissipation at higher frequencies (.Pse ot / 2 5 ) [64], 
As an alternative, other tubes were considered. Among them, the klystrode [65], the 
Resnatron [66], and an improved tetrode [68] were identified as viable options. The 
first two devices were invented several decades ago with the first prototypes exhibiting 
impressive parameters. At 450 MHz, the klystrode, then known as the inductive output 
tube, gave a 100-W continuous-wave (CW) output at 35% efficiency and a 10-dB power 
gain. For the Resnatron, a 50- to 80-kW CW output power at 412 MHz with a 79% 
efficiency was recorded. Development of both of these tubes was subsequently stopped 
because of a lack of commercial interest. In the early 1980s, interest in the klystrode 
was revived [67], based on its promise as an efficient, high-power (sub-MW) transmitting 
tube for UHF television stations. Since then, the EIMAC Division of Varian Associates 
has developed these tubes, with parameters ranging from 60-kW CW power with 65% 
efficiency (for commercial markets) to 0.5-1.0-MW CW power at 425 MHz and with 
~75% efficiency and ~23-dB gain (targeted for defense applications) [68]. Significant 
advances have also been made in tetrodes. Recent tests of the Varian EIMAC X2242 
tetrode in the JT-60 ICRF system [64] recorded a CW output power of 1.5 MW at 
110 MHz and 1.6 MW at 131 MHz. An upgraded version of this tube, the X2274 tetrode, 
capable of 1-MW CW output at 160 MHz and 65%-70% efficiency, is being developed for 
JT-60 and CIT applications [68], Even though all three options are promising for high-
efficiency power generation, the current-drive system for ARIES-I will use the klystrode 
as the reference source. 
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The klystrode is a linear beam device having the desirable features of both a klystron 
end a tetrode, in contrast to the radial beam Resnation. In Fig. 4.5-8, the schematic 
of a klystrode tube [67] is displayed. The major limitation to the power output of a 
conventional tube has been the dissipation at the grid and at the anode. In a klystrode, 
non-intercepting electrodes are used with the help of a focusing magnetic field deployed 
coaxially with the electron stream emitted from the cathode. The grid, made from py-
rolytic graphite for thermomechanical stability [64], is placed ~-l mm from the cathode 
for optimal beam performance. The resulting bunched or density-modulated electron 
beam is then accelerated through the apertured anode at high potential without inter
ception. It continues through a field-free region where the kinetic energy of the electrons 
is converted, via an output gap, to electromagnetic energy in the resonant cavity. The 
spent beam then passes through a second field-free region, the tailpipe, with minimal 
interception before it reaches the collector. 

The best performance achieved to date on a klystrode tube is 0.5-1.0 MW at ~75% 
efficiency and ~23-dB gain. Improvements to this performance, in terms of better effi
ciency and higher power output per tube, can be made. Beam-induced surface currents 
in the output cavity constitute a power sink, which may be mitigated in the future with 
the use of high-temperature superconducting materials for the cavity structure. The 
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Figure 4.5-8. Schematic of a klystrode tube assembly [67]. 
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field-free regions in the tube configuration ensure that the output interaction space is 
isolated from the input grid-anode space and also from the collector. Thus, the collector 
can be made very large to intercept the spent beam at low-power density. The idea of 
multistage depressed collectors, where the collector potential is reduced to below that of 
the tube body, can also be included in the design to recover the kinetic energy of the 
spent beam in the form of potential electric energy that would otherwise be converted 
into heat upon impact. Backstreaming of electrons to the cathode region as a result of 
collector depression can be minimized by designing the collector to function as a sec
ondary electron trap. Coating the collector surface with a substance such as titanium, 
which has a low secondary-emission coefficient, would accomplish this purpose. 

Since the tube structure between anode and collector resembles a klystron, the output 
power scales as P a _f-2-5 fo r constant efficiency, thus favoring low frequency operation. 
The optimum beam diameter should be proportional to 1 / / , which, for low frequency 
operation, implies larger cathode diameter, lower current density (particularly at higher 
energy), and longer tube lifetime. The lower frequency limit of these tubes is set by 
the physical size of the circuits involved, especially the output resonant cavity. More 
sophisticated cavity designs that provide smaller size and good bandwidth are feasible. 
Ultimately, the maximum CW power output at the frequency range of operation for 
AR1ES-I is limited by the maximum beam voltage which is, in turn, determined by 
practical considerations such as cost and size rather than by electronic factors such as 
high-voltage breakdown in the tube. For the klystrode, a target performance of 5 MW per 
tube would require methods to increase the beam perveance, which would add complexity 
to the device. In this regard, the inherent low-voltage (30-60 kV) operation of the tetrode 
and the Resnatron make them very attractive. 

It should be noted that all of the proposed improvements on the klystrode assembly 
involve extrapolations from present-day technology. Similar arguments can be made 
about the tetrode and the Resnatron. With a reasonable R&D effort, a prudent projection 
is that 5-MW, 90%-efficient tubes at a unit cost of $1/W should be achievable within 
the 20- to 30-year time frame of ARIES-I construction [68]. 

Each of the 24 waveguide-launcher units is fed with a coaxial transmission line that 
transports 4-5 MW of power from a klystrode tube through the shield section. The line 
is envisaged to be a standard 20-cm-diameter, 30-12 copper coax cooled with pressurized 
helium in the center conductor. A matching system will consist of a stub tuner and a 
line stretcher, while phase shifts between waveguides can be achieved electronically at low 
power. The distance between the matching system and the launcher feedpoint should 
be small in order to minimize power dissipation in the unmatched section of the line 
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where the voltage standing-wave ratio exceeds unity. The voltage limit in this section 
is often determined by the ceramic spacers that hold the central conductors in place. 
Careful choice of the spacer material and shaping of the spacers and conductor surfaces 
will help maximize this voltage limit [46]. A vacuum window should be placed at the 
point where the coax goes behind the shield. Beyond this point, the line should be 
pressurized with an inert gas such as dry nitrogen (< 4 bar) or evacuatei to raise the 
voltage standoff, particularly in the unmatched section. This section of the line may be 
coated with silver (or superconducting material) to further minimize wall dissipation. 
The entire transmission system is first matched at full power operation. Subsequently, 
minor excursions in the plasma loading can be tuned out by low-power electronic control 
of the phase shifters and by small adjustments of the frequency of the whole system. 
Experience with precise control of the phase shifts among a large number of adjacent 
antennas or waveguides is virtually nonexistent. Even with the mutual coupling among 
the various launcher elements [69], the task is perceived to be achievable with more design 
and operational experience in the coming years. 

Near the feedpoint to the waveguide cavity, the coax should be smoothly tapered 
(~10 cm in diameter) in order to fit into the center bend at the backplate (Fig. 4.5-2). 
The center conductor should be closed and extended to form a loop with the center vane 
tip, thus magnetically coupling the wave energy to the waveguide. The detailed design 
of the feed geometry is quite challenging and is beyond the scope of this work. 

As indicated in Table 4.5-IV, the maximum projected RF-system electrical efficiency, 
from wall plug to plasma, is estimated to be 71%, taking into account the fast-wave 
launcher directivity. 

4.5.7. Critical Issues 

To date, all of the experimental data on the folded-waveguide coupler have been 
collected from a test stand in the RFTF facility at ORNL. Field measurements were made 
when the waveguide was coupled either to free space or to an absorptive sheet placed 
some distance from the aperture. As noted in Sec. 4.5.1, the high-power capability of this 
launcher in terms of a high-voltage standoff has already been demonstrated. The most 
critical issue is to verify similar high-power properties of the waveguide in the presence 
of a plasma in a tokamak device. In this regard, a series of tests could be carried out, 
progressing from a low-power, single-waveguide coupling demonstration to high-power, 
current-drive experiments with a phased-array launcher. 
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Table 4.5-IV. 
P ro j ec t ed R F - S y s t e m Efficiency 

Power supply (dc) 0.95 

Transmitter (klystrode) 0.90 

Transmission line, and phase-shift & matching circuits 0.90 

Launcher coupling efficiency 0.97 

Launcher directivity 0.95 

Overal l e lectr ical efficiency 0.71 

In conjunction with the experiments, there is a need to develop an advanced modeling 
tool for the waveguide coupler that could be used to analyze experimental data and 
project performance in a reactor plasma. In the case of ARIES-I, this analytical tool 
should have the added capacity to model a toroidal array of waveguide units. The useful 
design parameters that can be obtained from this code are the peak electric field in the 
RF launcher system and the coupling efficiency. Because of the complicated geometry 
involved, this tool is most likely going to be a 3-D finite-element electromagnetic code. 

There are a few critical engineering issues related to the ARIES-I folded waveguide 
that need special attention. They are: (1) fabricating the waveguide structure with 
SiC composite, (2) cooling the waveguide structure, (3) reducing its radial thickness (or 
length) by using diaphragms, (4) contouring the vane tips and diaphragms to reduce 
local peak fields, and (5) optimizing the coax-feed location and detailed geometry. To 
design for the high-performance launcher, electrical properties of SiC composites in the 
ion-cyclotron-to-infrared range of frequencies and under a neutron fluence, including data 
on RF surface breakdown, should be studied and documented. With regard to the RF 
support system, demand for technological extrapolation appears to be moderate. Up
grading the efficiency (to 90%) and power output (to 5 MW) of tubes such as klystrodes, 
Resnatrons, and tetrodes is a crucial development issue that needs to be addressed. Like
wise, to accommodate a varying plasma load, the appropriate matching and phase-shift 
circuits for high-power applications need to be developed. 
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4.6. NEUTRAL-BEAM CURRENT DRIVE 

As stated in Sec. 4.2, fast-wave current drive (FWCD) is determined to be the primary 
scenario of steady-state opere.tion in ARIES-I, with neutral-beam current drive (NBCD) 
chosen as an alternative. The NBCD offers several attractive features, among which 
are a potentially high current-drive efficiency (7 ~ 0.5-0.6) and a maturing experimental 
data base. It is considered, therefore, the most appropriate current-drive scenario for a 
near-term device such as ITER, where the demand for technological advances appears 
manageable and reactor engineering compatibility is not of critical concern. Nevertheless, 
it is of interest to explore the potential of implementing this current-drive technique in 
the ARIES-I environment, as a companion study to FWCD. In this section, the physics 
modeling of NBCD is reviewed and an operating scenario for ARIES-I is determined. A 
brief description of a neutral beam injection (NBI) system based on the RF quadrupole 
accelerator is also presented, together with a list of mainly technological issues that need 
to be resolved. 

4 .6 .1 , Phys ics and Base Scenario 

An alternative current-drive scenario using negative-ion-based, high-energy neutral 
beams has been considered for ARIES-I. There is a growing experimental data base 
from various devices that documents current drive in the plasma by neutral beams. In 
the DIII-D tokamak, the plasma current was sustained by NBIs alone in H-mode-qualhy, 
high poloidal-beta discharges [16], while experiments on TFTR [6] and JET [7] indicated 
that NBCD can provide the required seed current for the bootstrap effect. The results 
from these experiments are in good agreement with theoretical predictions. 

Because of its developing data base, credible physics, reasonable projected current-
drive efficiency, compatibility with H-mode operation, and capability for detailed profile 
control, NBCD has been considered the leading option for steady-state operation in next-
generation tokamaks such as ITER. However, in reactor applications, neutral beams in 
excess of 2 MeV will be required for core current drive, implying significant extrapolations 
from present-day technologies. 

The first step in calculating the current profile and the associated current-drive effi
ciency by NBI is to determine the rate ot fast-ion deposition in the plasma- In the com
putations performed for ARIES-I, this is accomplished by using the Monte Carlo code, 
NFREYA [70, 71]. The code calculates the beam deposition profile, H(J>)> as a func
tion of the poloidal flux, ip, on 2-D flux-surface geometry generated by the free-boundary 
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MHD code, NEQ [72] to ensure consistency with the reference ARIES-I equilibrium. The 
fast-ion deposition rate is 

re/ = , (4.6-1) 
vp 

where It is the equivalent atomic current of the beam, Vp is the plasma volume, and A 3 ^ 
is the volume between the flux surfaces y and ip + Aifi. The divergence, focusing, and 
shape of the neutral beamline are taken into account in the determination of H{i/}). 

The fast-ion deposition is determined by the atomic processes involved in the effective 
ionization of the NBI atoms. At the high beam energies and for plasma densities that 
are typical of ARIES-I, multistep ionization effects become important. In these calcu
lations, the effective beam-stopping cross section has been evaluated, using an analytic 
fit based on recent computational results that allow for multistep ionization of the beam 
in collisions with the plasma constituents and impurities [73, 74]. The atomic data base 
needed for these calculations has been documented ush.g the best data available [74j. 

The flux-surface-averaged current density due t the fast ions, [jj\\B)f is calculated 
from the uniform-field solution to the Fokker-Planck equation for the fast ions [75]. This 
fast-ion current is partially cancelled by the electron return current induced by the drag 
of the plasma electrons on the fast ions. It is modified, in turn, by neoclassical electron-
trapping effects. The net flux-surface-averaged current density, driven by the neutral 
beams, is then 

(jr B) = | l - ^ - [ 1 - G ( Z . / / , e ) ] } OVll B) , (4.6-2) 

where Zt is the atom .umber of the beam ions, and G is the trapped-electron correction 
factor which has been calculated by Start and Cordey [76] for all aspect ratios and is 
approximated here by a parametric fit [77]. 

Using the formalism described above, a series of calculations has been carried out to 
determine the required NBCD power for the reference ARIES-I parameters. Criteria for 
the selection of beam energy and other design parameters of the NBCD system (injection 
angles, focal lengths, etc.) include adequate current generation at the magnetic axis, high 
current-drive efficiency, and minimum shine-through. Since the purpose of the neutral 
beams is to drive the required seed current, the NBCD parameters (beam energy, Eb, and 
beamline aiming) are varied until the NBCD-driven current matches the required seed-
current profile. The flux-surface-averaged seed current is calculated [28] as the difference 
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between the parallel current required from equilibrium, {j^ B) / {B'2), and the bootstrap 
current, (j*'c B) / <£ 2>. 

It was found that the required seed current in the ARIES-I reactor can be driven with 
two beamlines at different injection angles. The first one, with beam energy Ei, = 3 MeV 
and a tangency radius Rtan = 7.3 m, is aimed inside the magnetic axis in order to 
peak the current density profile at the center. The second beamline, with beam en
ergy Ei, = 2.5 MeV and a tangency radius Rian = 7.9 m, is aimed outside the axis for 
broadening the current density profile. Both beamlines are aligned parallel to the equa
torial plane of the reactor. Modeling of the beamline geometry is based on the Oak Ridge 
National Laboratory (ORNL) design and will be described in Sec. 4.6.2. 

The results of the calculations are shown in Figs. 4.6-1 and 4.6-2, and reasonable 
agreement is obtained between the NBCD-driven and target seed-current profiles. The 
current-drive efficiency, T}\B, for this system is equal to 0.053 A/W, leading to a figure 
of merit of 7 = 0.52. For a 68% bootstrap-current fraction, about 60 MW of NBCD 
power would be needed t J drive the required seed current. The shine-through from both 
beamlines is less than 0.3%. 

4.6.2. N e u t r a l B e a m Sys t em 

In the previous section it was determined that beam energies on the order of 2-3 MeV 
will be necessary to drive the required seed current with an acceptable current-drive effi
ciency in the high density environment -.if ARIES-I. These energies are at least an order 
of magnitude higher than are typically found in existing NBI heating systems. Consid
ering the formidable design limits that electrostatic-quadrupole (ESQ) beam-accelerator 
systems would face at these high energies, an NBCD system using RF quadrupole (RFQ) 
accelerators appears to be the choice for ARIES-I [78, 79]. These accelerators have been 
operated successfully in many research centers in the U.S. and other countries, and a 
large experimental data base already exists, albeit at much lower current ranges and 
pulse lengths than those required for fusion applications. Calculated energy efficiencies 
from conceptual designs of RFQs, with output currents > 1.0 A, exceed 75% at room 
temperature. Fotentially, these efficiencies can be raised to 81% with further design 
improvements, leading to an overall wall-plug-to-ion efficiency of about 60% [78]. 

The NBCD system considered for the ARIES-I study is based on a design concept 
developed at ORNL [78]. A schematic of this design is shown in Fig. 4.6-3. Each beamline 
module consists of two vertical columns of beamlets. Assuming that each RFQ delivers 
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Figure 4.6-1. Contributions to the flux-surface-averaged current drive from NBCD and 
boots tnp effect (if). 
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Figure 4.6-3. Schematic of the ARIES-I NBCD system [79]. 

0.5 A of output current, a minimum of 2 x 11 beamlets for the 3-MeV module (2 x 12 
beamlets for the 2.5-MeV module) will be required to provide the 60 MW needed for 
current drive. The beam divergence of the 40-MHz RFQs is expected to be about 10 mrad 
and the required port size would be 0.85-m wide and 4.0-m high. 

The other major components of the RFQ- based NBCD system for ARIES-I are the 
negative ion source, the low-energy-beam transport system, the neutralizet, and the 
beam dump. Because of the low efficiency of gas neutralizers, either a plasma neutralizer 
(efficiency ~80%-85%) or a laser neutralizer (efficiency > 95%) using photodetachment 
techniques to convert negative ions to neutrals should be considered. 

4.6.3. Critical Issues 

There is a growing experimental data base for NBCD and relatively good agreement 
between theory and experimental results exists. Degradation of the current-drive effi
ciency due to short-wavelength Alfven instabilities has been shown not to be a major 
problem [80], while results of recent calculations [74] have greatly enhanced confidence in 
NBI penetration to the reactor plasma core. Plasma rotation as a result of unbalanced, 
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tangential neutral-beam injection may adversely affect the current-drive efficiency in 
present-day experiments. But in a reactor like ARIES-I, this would not be a concern be
cause of the small momentum per ion deposited by the multi-MeV neutral beams [81, 82], 

The technological problems associated with the design of an NBCD system for ARIES-I 
appear to be quite challenging when compared to the FWCD RF system. Although rapid 
progress has been made in RFQ technology, two critical issues remain to be addressed: 
scaling up the pulse length from milliseconds to continuous operation, and upgrading the 
current capability from 10s to 100s of mAs [78]. Similarly, while present-day negative-
ion sources already have the current density and gas efficiency required for ARIES-I 
application, their pulse lengths need to be extended to CW operation [78]. Substan
tial development will also be required to produce efficient CW laser systems for use in 
photodetachment neutralizes [83]. To solve these difficult problem's, an aggressive beam-
development program needs to be undertaken in the next two decades so that the relevant 
technology can become available in the ARIES-I time frame. 

4.7. SUMMARY 

Steady-state operation of fusion reactors offer significant cost savings through: (1) im
proved performance of key reactor components, (2) higher availability because of more 
reliable performance, (3) a less expensive and smaller poloidal-fleld system due to the 
long start-up time (possible with current-drive assist), and (4) elimination of thermal 
power storage. These advantages should be balanced against the recirculating power 
fraction needed to maintain the plasma current. Three parameters affect the choice of 
the current-drive system: (1) the fraction of the equilibrium current provided by the boot
strap effect, /BS', (2) the normalized efficiency of generating current within the plasma, 
7 = ncIpR/PcD\ and (3) the electrical efficiency of the current-drive system including 
the efficiencies of the source, transmission, and power absorption in the plasma. 

The approach used in ARIES-I is to increase the bootstrap-current fraction, / W i - , by 
operating at high poloidal beta by raising the on-axis safety factor, q0, significantly above 
unity. The bootstrap fraction was estimated for a series of stable plasma equilibria using 
the best available transport coefficients. It is found that a value of fgs > 0.8 is achievable 
with qa ~ 2.1. The penalty associated with a large safety factor is the reduction of the 
toroidal beta. Trade-offs between the bootstrap fraction and the beta values have led 
to the reference ARIES-I design with JBS — 0.68 with qa ~ 1.3 and an extremely flat 
density profile. The bootstrap-current fraction can be increased drastically (up to 0.9) if 
a peaked density profile can be provided. 
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Among the current-drive options, the negative-ion neutral beam and fast waves in 
the ion-cyclotron range of frequencies were studied in detail. Both options are shown 
to perform well in terms of recirculating power. Neutral-beam current drive has a more 
developed experimental data base. However, fast waves have been chosen as the refer
ence driver because of advantages in fusion-power-core engineering and integration, lower 
source unit cost, and a more mature source technology than multi-MeV negative-ion beam 
sources. 

Significant improvements in the theory of fast-wave current drive were achieved dur
ing the course of the ARIES-I study by including the transit-time magnetic-pumping and 
electron-trapping effects. The wave frequency is set at 141 MHz, and the wave spectrum 
and the launcher position and phasing are chosen so that the sum of the driven and boot
strap currents matches the equilibrium current-density profile. The current-drive power 
is ~90 MW, and the normalized efficiency is 7 = 0.31 x 10 2 U A/W-m 2 in the absence of 
bootstrap. The current-drive power is also used for current ramp-up and for heating the 
plasma to ignition. Provision for a small amount of lower-hybrid current-drive power 
(~5 MW) is also made in the design for low density start-up and for current-density 
profile control in the plasma periphery. 

As conceived for ARIES-I, the RF current-drive system primarily uses present-day 
technology, and only a modest development program is needed to upgrade the key com
ponents to their desired performance parameters. The RF source consists of klystrodes, 
which are piesently used as UHF transmitters in television stations. Tetrodes and Resna-
trons are also considered viable options. Folded waveguides are used as basic wave-
launcher units, and are perceived to be cuperior to loop antennas for reactor applications 
because of their higher power-handling capability and more robust structure. The entire 
launching system comprises two poloidally stacked launcher modules, each consisting of 
a phased toroidal array of 12 waveguides. The launchers are located above the mid-plane 
on the outboaid edge and occupy ~0.96% of the reactor first-wall area. The wall-plug-
to-plasma efficiency of the RF system, including the launcher directivity, is estimated to 
be 71% at a unit cost of $ i /W. 

Several critical issues were identified during the course of this current-drive study, 
the most pivotal of which is the need for a full demonstration of the fast-wave current-
drive technique in a tokamak plasma. Secondly, demonstration of efficient coupling of 
fast-wave power from the folded waveguide to a toroidal plasma is an important goal for 
future experiments. Finally, RF tubes with ~90% efficiency and ~5-MW continuous 
wave (CW) output power need to be developed. 
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5. IMPURITY CONTROL SYSTEM 

5.1. INTRODUCTION 

The design of in-vessel components (divertor plate, limiter, first wall) is probably 
the most critical engineering and physics issue for all fusion reactors. The key problem 
is to dispose of the steady-st&te plasma power (alpha-particle and current drive) while 
maintaining acceptable heat fluxes and erosion rates on all components. Evidence shows 
that this can be accomplished with a divertor operating in the high-recycling regime 
that exhibits a high density and low temperature at the divertor target. Therefore, a 
double-null poloidat divertor operating in the high-recycling regime has been chosen for 
the ARIES-I reactor. 

The high-recycling regime has been experimentally observed in several devices (e.g., 
D-III-D, ASDEX, and JET) . For modeling the ARIES-I edge plasma, two 2-D edge-
plasma computer codes, BRAAMS [1] and EPIC [2], were used. Results from these codes 
were compared previously, by simulating the ASDEX tokamak divertor experiment, and 
were found to be in reasonably good agreement with those from that experimental plasma 
regime [3J. It should be noted, however, that large uncertainty exists in the results of 
these codes when applied to reactor-relevant regimes. To ensure consistency with 0-
and 1-D BALDUR core-plasma simulations, the edge-plasma analyses use the particle 
and heat fluxes at the separatrix as inputs. The computational analyses indicate that 
the resultant plasma density at the separatrix would be high (~10 2 u m~ 3 ) and a high-
recycling divertor regime is formed with a peak heat flux of ~4.5 M W / m 2 and a rather 
low plasma temperature of 10 to 20 e V at the divertor target. Furthermore, assuming that 
the ratio of a-particle to electron density is similar to that of the core plasma, calculations 
show that effective ash exhaust would be achieved. Results of the ARIES-I simulations 
of edge-plasma parameters and particle exhaust rates are described in Sec. 5.2. The 
sputtering erosion of ARIES-I in-vessel components is discussed in Sec. 5.3. 

The two main engineering design issues for the divertor system are to achieve heat 
loadings on the divertor target plate that do not exceed the maximum acceptable level and 
to simultaneously ensure that the sputtering erosion rate does not lead to an early failure 
of the component. These two aims tend to conflict because the high heat loadings, which 
inevitably occur on the divertor taTget, require the use of thin structures to minimize 
temperature differences and thermal stresses, while a thick structure is necessary to give a 
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long life against erosion. The ARIES-I divertor plate is made of a bank of silicon-carbide 
(SiC) composite tubes. The plasma-facing side of the tube bank has a 2-mm-thick, 
plasma-sprayed tungsten coating. Tungsten was chosen for the coating material because 
of its low erosion rate and excellent compatibility with SiC. The target plate is inclined 
with respect to the flux surface (at a 10° angle at the strike point) to limit the peak heat 
flux on the divertor plate to 4.5 MW/m' . Because of large uncertainty in edge-plasma 
parameters and because the heat-flux estimate given above does not account for such 
factors as toroidal asymmetries or target misalignment, an engineering safety margin 
of ~2 was chosen as the divertor design goal (i.e., localized heat fluxes twice as large 
as the estimated value can be handled). The coolant is helium and the inlet and exit 
temperatures are, respectively, 350 and 651 °C, the same as those of the blanket coolant 
circuit. As a result, the divertor power is recovered by the main thermal-conversion cycle 
at a gross efficiency of 49%. The required circulator power for the divertor cooling circuit 
is 35 MWe and represents 12% of the recovered thermal power from the divertor coolant 
circuit. The thermostructural design of the divertor target plate, including finite-element 
analyses, are given in Sec. 5.4. 

Thermal response of the ARIES-I divertor plate to plasma disruption and fluid dy-
namic$ of the melt layer have been analyzed numerically using 2-D codes (Sec. 5.5). A 
simple model is used for vapor shielding, and only the surface tension and buoyancy 
forces are used in modeling the fluid dynamics of the melt layer. With a vapor shield, 
the total evaporation of the tungsten coating of the divertor plate is about 48 fim and the 
coating is, therefore, expected to withstand about 20 to 40 disruptions before requiring 
divertor plate replacement or recoating. 

ARIES-I utilizes an advanced, high-speed pellet-injection system to achieve and main
tain ignited plasmas. Three pellet injectors are provided. For ramp-up to ignition, a 
moderate-velocity (1 to 1.5 km/s) single-stage pneumatic injector with high reliability 
and a high-velocity (4 to 5 km/s) two-stage pneumatic pellet injector using frozen hy-
drogenic pellets encased in sabots are proposed. For the steady-state burn phase, a 
continuous, single-stage pneumatic injector is utilized, which will provide a flexible fu
eling source beyond the edge region to aid in decoupling the edge region (constrained 
by divertor requirements) from the high-tenlperature burning plasma. Pellet-injection-
system design issues such as performance, neutron activation of injector components, 
maintenance, design of the pellet-injection vacuum line, gas loads to the reprocessing 
system, and equipment layout are discussed in Sec. 5-6. 

A summary and R&D directions for the impurity-control/particle-exhaust system are 
given in Sec. 5.7. 
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5.2. EDGE-PLASMA SIMULATIONS 

5.2-1. C o m p u t a t i o n a l Mode l s 

In the high-recycling divertor regime, the plasma density in front of the divertor 
target is increased through extensive neutral recycling in a region localized in front of 
the divertor target plate- The plasma pressure balance along the field line then results in 
a reduction in the plasma temperature at the target plate. Because the plasma flow to 
the target plate along the field lines is impeded by the recycling, the plasma particle and 
hf-rt fluxes tend to diffuse radially, decreasing the peak heat flux on the divertor plate. 
Basically, a high plasma density in the scrape-off layer is a prerequisite for achieving a 
high-recycling regime. The high-recycling regime has been experimentally observed in 
several devices (e.g., D-III-D, ASDEX, and JET). For modeling the ARIES-I edge plasma, 
two two-dimensional (2-D) edge-plasma computer codes, BRAAMS [1] and EPIC [2], were 
used. Results from these codes were compared previously, by simulating the ASDEX 
tokamak divertor experiment, and were found to be in reasonably good agreement with 
those from that experimental plasma regime [3]. It should be noted, however, that large 
uncertainty exists in the results of these codes when applied to reactor-relevant regimes. 

Most edge-plasma transport simulations are based on a set of fluid equations that 
were derived by Braginskii [4]. In general, a set of fluid equations for plasma density, 
momentum, and electron and ion temperatures are coupled with a model for neutral 
particle transport. Edge-plasma simulation codes use different neutral models. The B2 
code used for the ARIES-I analysis use; an analytic form, while EPIC uses a diffusive 
neutral-transport model. The plasma transport equations are augmented by expressions 
for anomalous particle, heat, and momentum diffusion perpendicular to the flux surface. 
For example, the anomalous radial particle flux, r o „ , is defined in terms of anomalous 
coefficients for diffusion, Da, and for advection, Va, 

r a r t s nVa-DaVrn. (5.2-1) 

The values of the anomalous transport coefficients, Da and Va, are found by comparing 
the experimental observation for edge-plasma profiles with code predictions. Because 
the experimental data on edge-plasma parameters are rather limited, the values of these 
anomalous coefficients have a broad range [D„ values between 0.1 to 10 m ' / s have been 
reported). For the ARIES-I edge-plasma analysis, we have used typical medium values for 
the anomalous transport coefficients: particle diffusivity of Da — I m 2 / s , a radial inward 
pinch velocity of Va = —20 m/s , and ion and electron heat diffusivities of, respectively, 
Xe ~ 4 and x. = 1 m 2 / s . 
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A schematic of the divertor plate is given in Fig. 5.21(A), Both B2 and EPIC solve 
the edge-plasma transport equations in the poloidal plane, assuming toroidal symmetry. 
The B2 code uses analytic transforms which map the magnetic geometry into a rectan
gular domain. The advantage of this treatment is that the analytic functions are denned 
as an orthogonal set so that a very fine mesh can be generated easily. However, the 
analytical fitting functions only approximate the poloidal flux surfaces and the fitting 
parameters should be chosen carefully so that the magnetic shear, B^/B(0(, is consistent 
with the actual magnetohydrodynamic (MHD) equilibrium solution. 

The EPIC grid geometry, shown in Fig. 5.2-1(B) is generated numerically from the 
actual ARIES-I MHD equilibrium data (Sec. 3). The advantage of this geometry gen
eration is that the actual magnetic geometry data are used so that the poloidal flux 
surfaces and the magnetic shear are consistent with the real equilibrium solution. At 
present, EPIC does not include internal MHD equilibrium solvers and uses output from 
an MHD equilibrium code (i.e., NEQ). Therefore, the grid resolution is proportional to 
the density of the magnetic-flux output data, and the grids are typically coarser than 
with the analytic grid generator used for the B2 code. However, the numerical grids are 
fully self-consistent and, therefore, likely to be more accurate on the coarse scale. 

5.2.2. S imula t ion Resu l t s 

For ARIES-I edge-plasma simulations, only the outboard scrape-off layer was mod
eled. The target is assumed to be normal to the poloidal flux surfaces and the power to 
the target is then corrected for the target inclination angle, assuming that the plasma 
solution does not change appreciably with the poloidally inclined target. In order to 
ensure self-consistency with the BALDUR core-plasma transport analyses, the particle 
and heat fluxes from the core (respectively, 10 l 9 /m J - s and 0.4 MV, / m 2 ) are used as the 
boundary condition (rather than upstream density and temperature). Both codes as
sume that 20% of the heat flux across the separatrix is in the ion channel and that the 
remaining 80% is in the electron channel. The heat flux across the separatrix accounts 
for the synchrotron and bremsstrahlung losses from the core plasma. In order to be con 
servative, no credit is taken for any radiation in the scrape-off layer and/or by impurity 
line radiation in the plasma. Additional radiation losses would reduce the heat flux on 
the divertor plate. The major input parameters for the ARIES-I edge-plasma simulations 
are given in Table 5.2-1. 
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Figure 5.2-1. (A) Schematic of the ARIES-I divertor layout. (B) The computational 
grid used by EPIC edge-plasma simulation code. 
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Table 5.2-1. 
Major Input Parameters for ARIES-I Edge-Plasma Simulations 

Plasma major radius (m) 6.75 

Plasma half width (m) 1.5(1 

Plasma vertical elongation 1.8 

Poloidal distance (m) 

Mid-plane to x-point 4.2 

x-point to target 0.6 

Total power into edge plasma (MW) 242 

Heat flux into edge plasma (MW/m 2 ) 0.4 

Fraction of heat flux in ion channel 0.2 

Particle flux into edge plasma (10"'/rn 2-sJ 1 

Particle diffusion coefficient (m 2 / s ) 1 

Ion thermal diffusivity (m 2 / s ) 1 

Electron thermal diifusivity (m 2 / s ) 4 

Anomalous advective velocity (m/s) —20 
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5.2.2.1. Results from t h e B2 code 

The B2 code is started from a "constant-field" initial condition of n = 10 J" m"' 1 and 
T, = Te = 10 eV. The solution evolves for 600 iterations afterwhich the solution con
vergence slows; this is defined to be the steady-state solution. Attempts to evolve the 
solution longer than this show that the solution does diverge slowly. It is not clear if this 
long-term divergence is only due to numerical errors. 

The estimated plasma conditions at the divertor target from the B2 code depend 
upon a recycle parameter, R, which must be specified independently. Here, R is defined 
as the number of neutrals returned from the divertor target per incident plasma ion. In 
principle, all of ions incident on the divertor plate should be returned as neutral. But, 
the simple analytical neutral model in B2 requires a range of 0.9 to 0.99 for R. This range 
of R was. therefore, examined parametrically. The results of the B2 simulations for the 
peak heat flux and plasma temperature at the divertor target are shown in Fig. 5.2-2. 
These parametric results show that the divertor plasma parameters are sensitive to the 
value of R in this range. 

As R increases, the upstream separatrix density also increases. The value of R = 0.98 
corresponds to an upstream electron density of 10 2 u m - : l . This upstream density was 
calculated by EPIC using its self-consistent neutral-transport model. This value of R is, 
therefore, adopted as the reference case. The change in the heat flux along the divertor 
plate for this solution is shown in Fig 5.2-3. The characteristics of this solution are given 
in Table 5.2-II. It should be noted that parallel plasma flow was found to be mildly 
reversed in a large region near the separatrix. 

5.2.2.2. Resu l t s from t h e E P I C code 

The EPIC code is run from constant-field initial conditions of low density (< 10 l ! l m~ •') 
and low temperature (T, = 4 eV, Tc = 14 eV). It was found necessary to start the sim
ulation with a large, anomalous diffusive particle flux (> 10 2 1 m~ 2 s~') to "fill up" the 
edge plasma, and to allow recycling at the target to evolve and a high plasma density to 
build at the divertor target region. As this solution approached convergence, the particle 
flux is cut back to the desired steady-state flux rate (10 l n m~ 2 s~') while simultaneously 
an anomalous, inward pinch velocity, Va = —20 m/s, is turned on. Convergence was de
fined as the situation when the maximum norm was less than the specified tolerance 
of 2 x 10~'. It should be noted that, similar to B2 simulations, EPIC simulations also 
diverge if simulations continue for a considerably longer time. Further research is needed 
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Figure 5.2-2. Results of the B2 simulations of the ARIES-I edge plasma as a function 
of the recycling parameter, R: (A) peak electron (open squares) and ion (filled squares) 
temperatures and (B) peak heat flux (on the divertor target). 
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Figure 5.2-3. The heat flux along the ARIES-I divertor plate (reference B2 code results 
with R = 0.98) for a target perpendicular to the flux surface (position 0 indicates the 
strike point). The heat flux is corrected for a 10° inclination of the target plate. 

to determine if this divergence is due to numerical problems or if it signifies a physics 
phenomena. 

The nominal EPIC steady-state solutions are shown in Figs. 5.2-4 and 5.2-5 for the 
plasma density and electron temperature. Corresponding radial profiles at three poloidal 
locations (mid-plane, near the x-point, and at the target) are also shown (the radial scale 
corresponds to the position of the flux surface when mapped into the divertor target). 
These results are compared to B2 simulation results in Table 5.2-II. Contours of neutral 
density for the EPIC solution are shown in Fig. 5.2-6, which shows that the neutrals are 
confined in the region in front of the divertor plate and do not enter the core plasma. 

5.2.2.3. Discuss ion 

Results of the calculations by the B2 and EPIC codes are compared in Table 5.2-
II. It should be noted that the computational grid used for the B2 calculations only 
approximately matches the ARIES-I flux surfaces, and some of the differences between 
the results of the two codes can be attributed to the use of different grids. 
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Table 5.2-II. 
ARIES-I Edge-Plasma Parameters 

B2 Results' 0* EPIC Results 

Separatrix 

Plasma density (10 2 0 nT : l ) 0.9 - 1.3 1 

Ion temperature (eV) 520 300 

Electron temperature (eV) 260 220 

Mid-plane scrape-off layer 

Density e-folding length (cm) 4 5 

Power e-fo!ding length (cm) 2 2 

First-wall plasma density (10 1 8 m - 3 ) 1.2 3 

First-wall plasma temperature (eV) 2 5 - 3 0 20 - 2 5 

Divertor plasma (peak values) 

Ion temperature (eV) 11 22 

Electron temperature (eV) 22 25 

Plasma density (10 M m'3) 9 8 

Particle flux (10 2 3 /m 2 -s) 2.2 2.6 

Heat flux (MW/m 2 ) 4.5 3.0 

'"' For recycling parameter, R = 0.98. 
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Figure 5.2-4. EPIC simulations of the ARIES-I edge plasma: (A) contours of plasma 
density and (B) radial density profiles at three poloidal locations: mid-plane, near the 
x-point, and at the divertor target (the radial scale corresponds to the position of the 
flux surface when mapped into the divertor target) 
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Figure 5.2-5. EPIC simulations of ARlES-1 edge plasma: (A) contours of electron 
temperature and (B) radial temperature profiles at three poloidal locations: mid-plane, 
near the x-point, and at the divertor target (the radial scale corresponds to the position 
of the flux surface when mapped into the divertor target). 
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Figure 5.2-6. EPIC Simulations of the ARIES-I edge plasma: contours of neutral 
density showing strong recycling near the divertor target and negligible leakage to the 
core plasma. 

Both codes predict a high separatrix density of ~ 1 0 2 0 m~ 3 . The power and particle e-
folding lengths are also in good agreement, emphasizing the need to include the anomalous 
inward pinch term to achieve realistic solutions. The predicted plasma temperatures at 
the first wall are also comparable between the codes. The plasma densities differ by 
a factor of three, probably because of differences in the boundary conditions assumed, 
and with the value being sensitive to the inward advective velocity assumed. The B2 
code shows a large poloidal gradient along the separatrix, increasing from the mid-plane 
towards the x-point, which is not seen in the EPIC solution. The separatrix plasma shows 
large differences in ion temperature between the B2 and EPIC codes. These differences 
are also probably because of the way the two codes handle the boundary conditions at 
the separatrix. 

At the divertor target, both codes show a high-recycling regime with peak divertor 
plasma densities of -~102 1 m~ 3 in a localized region near the separatrix-target strike 
point, where the peak electron temperatures are about 25 eV. Larger differences in the 
ion temperatures, however, are obtained (11 and 22 eV for, respectively, the B2 and 
EPIC codes). Furthermore, the EPIC solution shows an anomalous second peak in the 
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ion temperature (~100 eV) away from the separatrix in the middle of the divertor target. 
This second peak is the result of the intense recycling and neutral plasma interactions 
(especially in the momentum terms) which become dominant over the ion-electron equi
libration terms and allow a large difference between the ion and electron temperatures. 
Even if this peak is real, its contribution to target sputtering is not large since, at that 
position, the electron temperature (and the sheath potential) is small. 

Even though the values of the peak plasma density in the recycling zone are ",n agree
ment between B2 and EPIC, the B2 code shows an anomalous result. The plasma density 
increases along the divertor target from the separatrix inward to the private flux region 
to a peak value at the private flux boundary of 7 x 10 2 t m - 3 , or an order of magnitude 
higher than in the area expected to exhibit the peak recycling (near the separatrix-target 
intercept). This is probably caused by the boundary condition imposed on the private 
flux region and by the limitation of the recycling neutral model which does not allow 
neutral transport across magnetic flux lines. 

The estimates of the peak heat load on the divertor target plate differ. The EPIC 
estimate (3 M W / m 2 ) is lower than that of the B2 code (4.5 MW/m 2 ) . Consistently, EPIC 
estimates a longer radial e-folding length for power in front of the divertor plate. This 
difference is believed to be due to the different neutral models used: the B2 code neutrals 
are recycled on the same field line while the EPIC neutral-diffusion model allows a realistic 
cross-field flux of particles, and with them, momentum and energy. Lven though the lower 
heat loads of EPIC are probably more realistic, the heat flux predictions of the B2 code 
were used in the divertor thermostructural analyses in order to be conservative. 

5.2.3. Pa r t i c l e Exhaus t and P u m p i n g 

In order to maintain a steady plasma burn, the fusion a-particle ash should be ex
hausted from the system. For ARIES-I, the a-particle production (and removal) rate 
is < n̂ s= 6.8 x 10 2 u/s. Similar transport and recycling is assumed for a-particle and DT 
fuel ions, resulting in a required particle (ion) exhaust rate of ~ 7 x l 0 2 l / s . The EPIC 
simulations result in an average neutral density of 2 x 10 , n m~3 (pressure of 20 mtorr) in 
front of the pumping ducts. The required effective pumping rate is, therefore, 350 m : , / s -

The ARIES-I reactor has 16 pumping ducts (only the lower divertor plates are 
pumped). The estimated pressure of 20 mtorr is sufficiently high that pumping speed 
requirements are not excessive. At these pressures, the gas flow is in the transition range 
between molecular and viscous flow. Using standard prescriptions for vacuum-pumping 
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ducts [5], the net conductance of each duct is estimated to be ~250 m 3 / s . Therefore, the 
vacuum pumping speed required at each duct location is ~2S m''/s. This pumping speed 
is estimated to be enough for pumping down the plasma chamber to a base pressure of 
1 0 - 8 torr prior to the plasma start-up. 

Turbo-molecular pumps are proposed for the ARIES-I reactor. Using these pumps 
(instead of cryogenic pumps) reduces the tritium inventory in the plasma exhaust system 
considerably. Although a metallic turbo-molecular pump has to be shielded from the 
magnetic field, a ceramic pump doesn't require shielding. These ceramic pumps are 
being developed in Japan, but the pump size is small at present [6j. 

5.3. EROSION 

The interaction of the plasma, and the wall surface is a critical issue for reactor design. 
The sputtering and erosion of the wall by plasma ion bombardment must be acceptably 
small to provide a practical lifetime for the wall material. The erosion rate, S (thickness 
eroded per unit time), is given by 

S == V T — , (5.3 1) 

where Y is the sputtering yield (atoms sputtered per incident ion), V is ihe plasma ion 
flux, and Aw and p,g are, respectively, the atomic mass number and the specific gravity 
of the wall material. 

Both the yield and the flux are energy dependent and vary considerably over the 
expected range of ion energies. To account for this energy dependence, it is conve
nient to define T(E) = T f(E), where f(E) includes the energy dependence of the flux 
[J 0°°/(tf)dE = l ] . Then, 

S - —T r Y{E)f{E)dE. (5.3-2) 
Psg J" 

For ARIES-I analyses, the sputtering yield data is taken from Matsunami et al. [7] 
where an empirical formulation is developed to fit a wide data base. The energy depen
dence of the flux is taken to be a shifted Maxwellian distribution, 

f(E) oc E x l 2 e ^ E - ^ : ! r \ (5.3-3) 
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where T is the ion temperature at the material boundary. The energy shift, A £ , is given 
by 

AE = ±m.C1,+*,.ZTt, (5.3-4) 

where the first term accounts for the acceleration of an ion with mass, m,, and atomic 
number, Z, to the sound speed, C,\ the second term is due to the acceleration by the 
sheath potential. The sheath transmission factor, «/e. is taken to be 

> = 0.87 In ( ^ | ) , (5.3-5) 

where mpr — 2.5 amu is thf average mass of ion species. The sheath and presheath 
energy shift is assumed to apply to all wall surfaces. 

The ion energies and fluxes are taken from edge-plasma simulations of Sec. 5.2. The 
ion flux on the divertor target is given by 

T d = nC, -£ sine*, (5.3-6) 

where the last two terms account for the inclination of the target plate with respect to the 
field line. In estimating the divertor erosion rates, the ion flux is calculated at different 
target locations to account for the variable flux and energy of incident ions. The flux to 
the first wall is assumed to be purely diffusive and is estimated from 

TJu! = - D a V n ^ ^ ^ , (5.3-7) 

where \fw is the radial density e-folding length at the first wall. 

5.3.1. First-Wall Erosion 

The first-wall erosion is assumed to be limited by the erosion of carbon from the 
silicon-carbide (SiC) matrix, with an effective specific gravity of the carbon inside the 
SiC of 1.5. No credit is given for redeposition at the first wall since the ionized impurities 
will be swept along the field lines to the target away from the sputtered source region. 
The ion flux to the first wall is estimated at 10 1 9 m _ 2 s _ 1 and the helium flux is assumed 
to be in proportion to the helium density fraction. The plasma temperature at the first 
wall is estimated to be ~20 eV. To be conservative, it is assumed that a sheath will form 
at the first wall which will accelerate the ions. The result of this assumption is that ion 
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energies will strike the wall in the range of 80 (D,T) to 140 eV (He), where the sputtering 
yield for carbon is near its maximum value. 

The estimated erosion rates of the ARIES-I first wall are given in Table 5.3-1. These 
estimates do not include erosion caused by charge-exchange neutrals, which was consid
ered in "The TITAN Reversed-Field-Pinch Reactor Study" [8]. During that study, a 
multi-group neutral-diffusion code was used to c a l c u l i the flux and energy of charge-
exchanged neutrals. It was seen that the neutrals that charge exchanged at hotter plasma 
locations contributed to the erosion rate. However, for ion temperatures above the 10 to 
20 eV range, the charge-exchange neutral contribution was small. 

Since there is some uncertainty in the estimated value of the plasma temperature 
at the first wall, the erosion rates due to tritium ions are calculated using similar flux 
conditions but for different values of the first-wall ion temperature. Th^ results are given 
in Table 5.3-IL 

Table 5.3-1. 
Est imated Erosion Rate of the ARIES-I First Wall*"' 

Ion Species Erosion Rate (mm/y) 

Tritium 0.12 

Deuterium 0.08 

Helium 0.06 

TOTAL 0.26 

'"'For temperature of 20 eV, no redeposition, and assuming 

sheath formation which accelerates the ions. 
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Table 5.3-II. 
Sensitivity of the Erosion Rate of t h e First-Wall by Tr i t ium 1 " ' 

Plasma Temperature (eV) Erosion Rate (mm/y) 

50 0.24 

25 0.15 

20 0.12 

10 0.03 

5 0.01 

("'Using the same flux conditions as in Table 5.3-1. 

5.3.2. Divertor-Target Erosion 

Significant redeposition is expected at the target plate, as opposed to the first wall. 
For the ARIES-I plasma conditions, *he net erosion of tungsten is estimated to be 0.03 
to 0.15 of the gross erosion (redeposition rates of 0,97 to 0.85, respectively); the exact 
value depends on plasma temperature «uid divertot target geometry. To be conservative, 
therefore, a redeposition rate of 0.85 was used for the ARIES-I estimates. 

For an estimated divertor target temperature of 25 eV, the erosion of tungsten by 
D or T is found to be negligible and the erosion rate is dominated by helium ions. 
Self-sputtering is found to result in a <3% increase over the plasma-ion sputtering for 
temperatures even as high as 50 eV. The total erosion rate of the divrrtor target plate is 
estimated at 0.5 mm/y. 

The sensitivity of the divertor-target erosion rate to the plasma temperature, using 
similar flux conditions, is shown in Table 5.3-1II. As expected, above 30 to 40 eV, the 
erosion rate becomes significantly larger. Erosion of the divertor plate due to plasma 
disruptions is discussed in Sec. 5.5. 
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Table 5.3-III. 
Sensi t iv i ty of the Erosion Rate of the Divertor by Helium'"* 

Plasma Temperature (eV) Erosion Rate (mm/y) 

50 3.0 

40 2.5 

30 0.8 

25< 6> 0.5 

20 0.01 

'"^For the same flux conditions (erosion rate is dominated by He). 

(''Estimated temperature at the ARIES-I divertor. 

5.4. DIVERTOR DESIGN AND ENGINEERING 

5.4.1. Divertor Material and Manufacturing 

The ARIES-I reactor uses high-recycling divertors to reduce the plasma ion temper
ature at the divertor plate to below the sputtering threshold for high-Z materials, and 
it achieves very low erosion of the divertor target [9]. Molybdenum, tungsten, and sev
ere! tungsten-tantalum-rhenium alloys were considered for the ARIES-I divertor-target 
material. All have similar favorable thermomechanical characteristics. Since all of these 
materials activate in a fusion-neutron environment, their use was limited to providing 
the armor for the ARIES-I divertor. For a thin, plasma-sprayed coating on a structural 
substrate, alloying elements were not thought to be needed. The neutron activation prop
erties of molybdenum, tantalum, and rhenium lead to long-lived products that would 
cause waste disposal concerns. Tungsten is the least activating of the high-Z materi
als [10] and is chosen for ARIES-I. To minimize the accident dose potential and waste 
disposal problems of tungsten, isotopic tailoring is also specified (Sec. 10). 

Helium is chosen as the coolant to ensure compatability with the blanket cooling 
system. Vanadium cooling tubes were initially considered for the divertor structure. 
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However, concern about differential thermal expansion between the tungsten and the 
vanadium, and about tritium diffusion into the divertor coolant led to an investigation 
of SiC composites. Tritium ions from the plasma will implant into the tungsten target. 
To minimize diffusion of this implanted tritium through the tungsten into the helium 
coolant, a low permeability substrate [e.g., SiC) should be used. The thermal expansion 
coefficient of SiC and tungsten are very similar, which reduces concerns about the thin 
surface layer spalling off the substrate. The high-temperature capability of SiC allows the 
ARIES-I divertor to handle the high heat fluxes (~5 M W / m 2 ) with coolant inlet/outlet 
temperature conditions the same as those used for the blanket. This in turn allows 
efficient recovery of the divertor power. 

Construction of the ARIES-I divertor tsrget begins with u bank of SiC composite 
tubes. The tubes are formed by helically winding SiC fiber around a tapered mandrel. 
After ivinding, the fibers are infiltrated to form the SiC matrix and the mandrel is removed 
leaving behind the composite tube. (Additional details on the process of composite 
manufacture art discussed in Sec. 8.) The tubes have a nominal outside diameter of 
2.5 mm and a wall thickness of 0.5 mm. The tube diameter varies along the length to 
form the necessary pie shape when the tubes are placed side-by-side. 

The plasma-facing side of the tube bank has a plasma-sprayed tungsten coating. The 
back of the SiC-composite tube bank is coated with a high density layer of chemical-vapor-
deposited (CVD) SiC, which adds strength to the structure and ensures leak tightness 
of the tubes. The targets are then fitted into the supply and collection headers and 
brazed into place. Two upper and two lower targets are installed into each of the 16 
fusion-power-core modules. A completed target assembly is shown in Fig, 5.4-1. 

5.4.2. Divertor Configuration 

The basic configuration of the divertor target is illustrated in Fig. 5.4-1. The coolant 
flows in the poloidal direction. The coolant supply headers are located under the private-
flux region and the coolant inlet is at the outboard strike point. The coolant collection 
headers are at the ends of the inboard and outboard target sections. This arrangement al
lows the target area with the maximum heat-flux to be cooled by the lowest temperature 
coolant. The peak heat flux on the divertor plate is estimated at 4.5 MW/m 2 (Sec. 5.2). 
Because of large uncertainty in edge-plasma parameters and because the heat-flux es
timate given above does not account for such factors as toroidal asymmetries or target 
misalignment, an engineering safety margin of ~2 was chosen as the divertor design goal 
(i.e., localized heat fluxes twice as large as the estimated value can be handled). 
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F igu re 5 .4-1 . Isometric view of one of the ARIES-1 divertor targets. 

The thermal-hydraulic design of the divertor constrains the divertor plate configura
tion (inclination angle with respect to the field lines). The minimum-size divertor-target 
area can be achieved by contouring the target surface in such a way that the heat flux is 
constant on the target (by increasing the inclination angle away from the strike point). 
The thermal-hydraulic analysis of such a plate for ARIES-I, however, showed that the 
design has a heat-flux safety margin on the order of 1. 

To achieve a larger safety factor (on the order of 2), the target surface is contoured to 
have an inclination angle of 10° with respect to field lines in the poloidal plane for 0.60 m 
away from the strike point. In this region, the heat flux is reduced (exponentially) to 
~ 1 M W / m 2 . The remaining 0.40 m of the target is contoured to have a constant heat flux 
of 1 M W / m 2 . By contouring the target in the low flux region, the size of the target can 
be reduced and thereby provide more clearance behind the target for shielding. Divertor 
coolant tubes have a hydraulic diameter of 2.5 mm and a wall thickness of 0.5 mm. 

The heat-flux profile on the ARIES-I outboard divertor target is shown in Fig. 5.4-2. 
The coolant temperature rise along the flow path is also plotted. The coolant inlet and 
exit temperatures are, respectively, 350 and 650 °C and the coolant pressure is 10 Mpa, 
the same as those of the blanket coolant circuit. As a result, the divertor coolant circuit 
is connected to the main heat-transport system and the divertor power is recovered by 
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Figure 5.4-2. Heat flux and coolant temperature profiles along the ARIES-I outboard 
divertor target. 

the main thermal-conversion cycle at a gross efficiency of 49%. Tha diveitor coolant, 
however, must flow at about 150 m/s to remove the high heat flux without exceeding the 
temperature limit of the interface between the SiC and the tungsten coating. This flow 
rate causes a substantial drop in pressure and increases the pumping power requirement. 
The required circulator power for the divertor cooling circuit is 35 MWe, which represents 
12% of the recovered thermal power from the divertor ooolant circuit. Although the 
required pumping power is relatively large, the benefits of using helium as the coolant 
seem to outweigh the drawbacks. 

5.4.3. Finite-Element Thermostructural Analyses 

Thermostructural analyses of the ARIES-1 divertor target were performed using the 
ANSYS finite-element code [11). The material properties used in the analyses are listed 
in Table 5.4-1. The critical location for the divertor is at the coolant inlet, where the 
maximum surface heat flux of 4.5 MW/m 2 occurs. Therefore, a 2-D model of the a single 
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coolant tube in the divertor plate, at the coolant inlet location, was constructed using 
PATRAN [12] (symmetry between neighboring tubes is assumed). Figure 5.4-3(A) shows 
the model which comprises 348 quadrilateral elements. The large number of elements 
was necessary to properly analyze the interface between the SiC composite tube and the 
tungsten coating. 

Table 5.4-L 
Material P r o p e r t i e s Used in T h e r m o s t r u c t n r a l Analyses 

of t h e ARJES-I Diver tor< a l 

SiC Composite Tungsten 

Density (kg/m 3 ) 3,000 19,000 
Young's modulus (GPa) 

Ex 
364 370 

Ey 360 370 

Poisson's ratio, v 0.16 0.20 

Thermal-expansion coefficient (10" -7K) 
« i 4.4 4.5 
av 4.3 4.5 

Thermal conductivity (W/K-in) 

K 15 113 

Ky 12 113 
Allowable stress (MPa) 190 200 

Maximum temperature (°C) 1,100 1,200(''» 

<°>The x and y directions are, respectively, along and perpendicular 

to the plate (see Fig. 5.4-3). 

^'Temperature limit at SiC-composite/W interface. 
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5.4.3 .1 . T h e r m a l analysis 

Figure 5.4-3(B) gives the temperature contours in the divertor plate at the coolant 
inlet location for a surface heat flux of 4.5 MW/m z (estimated peak heat flux on the 
ARIES-I divertor plate). The coolant bulk temperature at this point is 350''C. A hett 
transfer coefficient of 12.9 kW/K-m 2 is used and all other surfaces are assumed to be 
adiabatic, A volumetric heating rate of 23 M W / m 3 is also applied to a" of the elements 
in the model. 

Figure 5.4-3(B) shows that the temperature distribution in the tungsten layer facing 
the plasma is approximately 1-D with significant conduction to the location between 
touching tubes. The lower thermal conductivity of SiC relative to tungsten is clearly 
reflected by the larger temperature gradient inside the SiC-composite coolant wall. The 
peak temperatures are 776 °C in the tungsten layer and ~692 D C at the SiC-composite/W 
interface. All materials operate below their respective temperature limits (Table 5.4-1). 

5.4.3.2. S t ress analysis 

Generally, when two dissimilar materials are in contact and exposed to a heat load, the 
difference in thermal expansion coefficients of the materials causes differential expansion 
of the two materials. Therefore, high stress concentrations can exist at the termination 
of the interface at the free surface of the component. However, the material choice for the 
ARIES-I divertor plate minimizes the stress concentrations in the interface because SiC 
and tungsten have nearly identical thermal-expansion coefficients. Furthermore, because 
of the ability of tungsten to undergo plastic deformation, the stress concentrations pre
dicted by the finite-element analysis are assumed to be adequate in assessing the viability 
of the ARIES-I divertor-plate design. 

Because relevant uniaxial stress measurements are not yet available for ceramic-matrix 
composite materials, the von Mises stress is used to indicate the equivalent thermal-
stress levels [shown in Fig. 5.4-4(A)j. The peak thermal stresses are ~86 MPa in SiC 
and ~66 MPa in tungsten. These stresses fall well below the maximum-allowable stress 
limits of, respectively, 190 and 200 MPa. Furthermore, the location of these stress con
centrations is between neighboring tubes, which is not the most critical location in the 
divertor. The combined thermal-plus-pressure stress contours induced by the 10-MPa 
coolant are shown in Fig. 5.4-4(B). This combined stress is 121 MPa, which is also well 
below the allowable stress limit of 190 MPa. 
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Figure 5.4-4. Contours of (A) equivalent thermal-stress and (B) combined thermal-
phiB-pressuie stress in the ARIES-I divertor for a surface heat flux of 4.5 M W / m 2 and 
coolant pressure of 10 MPa. 
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5.4.3.3. Engineering safety factor 

One of the important issues regarding plasma-facing components is the requirement 
for the component to withstand load excursions, asymmetries, and peaking due to mis
alignment. Using the finite-element model outlined above, it was found that at a steady-
state surface heat load of 8 MW/m 2 , the maximum stress concentration inside the SiC 
composite material does not exceed the 190-MPa limit. The maximum temperature is 
also below the allowable value of )100°C for the SiC/W interface. For this heat flux, the 
contours of the temperature a. id the combined thermal-plus-pressure stress are shown in 
Fig. 5.4-5. For a peak heat flux of 9 M W / m s , the SiC/W interface temperature is calcu
lated at 1043 °C and the peak equiva'snt stress in SiC is 190 MPa (allowable values are, 
respectively 1100°C and 190 MPa). Therefore, the divertor has an engineering design 
margin of 2. 

5.5. THERMAL RESPONSE TO PLASMA DISRUPTION 

The divertor plate of ARIES-I is made of a bank of silicon-carbide (SiC) composite 
coolant tubes which are coated with a 2-mm layer of tungsten on the plasma-facing side. 
Providing that the divertor target plate remains intact following a full-power disruption 
(as is expected to be the case), the thermal ablation of the tungsten coating determines 
the number of disruptions after which the divertor plate should be recoated (or replaced). 

Approximate, 1-D, transient heat conduction with phase change and moving va
por/liquid and liquid/solid boundaries has been used to predict the thermal erosion 
of a plasma-facing component due to plasma disruptions [13-15]. Other phenomena 
might also affect the thermal erosion {e.g., possible reduction of the incident heat flux 
due to the formation of a vapor shield, movement and stability of the melt layer under 
electromagnetic and other forces, redeposition of the vaporized materials, thermo-fluid 
dynamics of the melt layer, etc.). Approximate analyses of vapor shielding have been 
done [16-18], but the results vary considerably. For ARIES-I disruption analjses, the 
thermal response of the divertor plates has been analyzed with a transient 2-D code. 
The thermo-fluid dynamic behavior of the melt layer is also studied using a transient 2-D 
code; a simple v^po^-shield model was included. This section describes the results of this 
analysis. 

Since the physics of disruptions is uncertain, the plasma disruption param?'.ers for 
ARIES-I (Table 5.5-1) are chosen to correspond to, or to fall within the range of, those 
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Table 5.5-1. 
Parameters Used in Ablation Calculations 

Thermal quench time (ms) 0.3 
Energy deposited on divertor plate (MW) 375 
Total divertor plate area (m 2 ) 142 
Local peaking factor for heat flux 5 
Divertor plate heat flux (GW/m 2 ) 

Average 8.8 
Peak 44. 

Initial temperature of W (°C) 1,100 
Thickness of W coating (mm) 2 

predicted for ITER [19]. To be conservative, it is assumed that: (1) all disruptions 
occur at full plasma power; (2) one half of the total thermal energy in the plasma is 
deposited on one of the divertcr plates; (3) during subsequent disruptions, the disruption 
energy appears on the same divertor plate and the local peaking factor of 5 remains 
constant at the same location; (4) the evaporated tungsten is not redeposited on the 
divertor plate; (5) the properties of tungsten are assumed constant; (6) only 1 mm of the 
tungsten coating is for disruption protection (iae other 1 mm is for sputtering erosion); 
and (7) the initial temperature of tungsten is 1100 °C everywhere on the divertor plate, 
well above the estimated peak tungsten temperature of 776 °C (Fig. 5.4-3). 

An upper bound for the maximum local ablation of tungsten can be found through 
an adiabatic calculation in which it is assumed that only the tungsten that evaporates 
absorbs the energy. The absorbed energy raises the temperature from the initial tem
perature to the melting point, changes the phase from solid to liquid, raises the liquid 
temperature to the boiling point, and then evaporates the material. The remaining tung
sten stays at the initial temperature. Such a calculation is conservative since it neglects 
conduction into the metal. For ARIES-I, an adiabatic calculation gives a maximum lo
cal ablation of 130 /mi per disruption (for an initial tungsten temperature of 1100°C). 
Therefore, the 2-mm tungsten coating would withstand, at least, about 14 full-power 
disruptions. 
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5.5 .1 . Model 

Thermal response of the ARIES-1 divertor plate to plasma disruption and the fluid 
dynamics of the melt layer have been analyzed numerically using 2-D codes. The ARIES-I 
divertor plate is modeled as a composite flat plate of 2-mm-thick tungsten over 0.5-mm 
of SiC. Plasma particle and heat fluxes are incident on the tungsten coating. The model 
is shown in Fig. 5.5-1 with the a; direction pointing into the plate and y being along the 
plate. The peak and average heat fluxes are denoted by q" and ?", respectively. Because 
of this lateral variation of the heat flux, the problem should be solved in two dimensions. 

5.5.1.1. Thermal response models 

The thermal response of the divertor plate is estimated by a 2-D code [20]. This code 
solves the transient energy equation for temperature, T(* ,y ; i ) : 

9(pcPT) d*{kT) d\kT) 
dt dx'1 <V V l (5.5-1) 

where t is time, and p, cp, and k are, respectively, the density, specific heat, and thermal 
conductivity of the plate material. The volumetric heat source, Q, is assumed zero for 
this problem. 

q M 

H t H H l H H H t t t 
q"2 

± 
0.5mm 

T 
W 

SiC 

i. 
2mm 

T 
y=0 y=Ly 

x=0 

x=Lx 

Figure 5.5-1. Model of the divertor plate for thermal and fluid dynamic an&lysic of a 
plasma disruption. 
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The boundary conditions, in addition to symmetry conditions at y = 0 and y = Ly 

surfaces (see Fig. 5.5-1), are 

dT\ „ , , 
" f t ? = ^ M 

3T 
dx 

h{Tx. (5.5-2) 
x=L, 

where Tcooi is the coolant temperature and h and TX=L, are, respectively, the heat transfer 
coefficient and temperature at the x — Lx surface. The heat flux, q''i(t,y), at x = 0 
accounts for the incident heat flux, including vapor shielding, on the plate. 

The vapor/liquid and liquid/solid surfaces are treated as moving fronts and appro
priate conditions are applied. The code uses the evaporation model of Ref. [17] which is 
based on the numerical model of Ref. [21], The simple vapor-shield model of Ref. [16] is 
also used, in which the heat flux reaching the plate surface, qPt(t,y), is given by 

<&(t,v) = \ • (5.5-3) 

^ , for Ax(t) > X 

$ ( l for A.x{t) < x 

In this equation, q'^, is the plasma heat flux to the plate, x i s the range of the plasma 
ions into the plate materials, and Ax(t) is the plate thickness vaporized by time t from 
the initiation of the thermal quench. This model assumes that once x depth of the plate 
material has been evaporated, all the incident energy is absorbed by the vapor shield and 
then instantly reradiated, 50% going to the plate and the other 50% going away from the 
plate. 

5.5,1.2. Thermo-fluid dynamic-response models 

A 2-D code [22] is used to analyze the thermo-rluid dynamic behavior of the melt layer. 
This code is based on the numerical solution t>f the transient energy equation (convection-
diffusion equation) and the Navier-Stokes equation in the Boussinesq approximation for 
the temperature and velocity fields, respectively: 

Qrrt 

— + u - V T = V-(fcVr) + Q , 

— + (u-V)u = - - V'p-f i /V 2 u 
eft p /?eAT, 

(5.5-4) 

(5.5-5) 
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where p is the pressure, u(ri,u,ui) is the velocity, u is the kinematic viscosity, /3 is the 
thermal coefficient of expansion, and g is the gravitational acceleration. The volumetric 
heat source in the melt layer is assumed zero for this problem. Instead of the continuity 
equation, the code solves the Poisson equation for pressure. 

V 2

p = _ ^ + 1 / v 2 U - V - f ( u - V ) u ] , (5.5-6) 
at 

where D = V • u. 

The Neumann boundary condition for temperature and a no-slip condition for velocity 
are applied at the liquid/solid interface. At the liquid/vapor surface, the stress condition 

fi— = - 5 — (5.5-7) 
ax ay 

is applied, where fi is viscosity and 5 is the temperature coefficient of surface tension. The 
surface at x = LT is assumed adiabatic since heat transfer at this surface is negligible. 
At the plasma-facing surface, the heat flux condition that accounts for radiation and 
evaporation is applied. The evaporation rate is estimated by an equation for a specific 
evaporation rate for idealized evaporation (a = 1) for elements in high vacuum [23]: 

= 4.4 x l O - 2 , 
>M\]/2 

a p. [jrj I (5.5-8) 

Wevav is specific evaporation rate, a is the evaporation coefficient, M is the molecular 
weight of the evaporant, Tv is the evaporant temperature, and p, is ihe corresponding 
saturation pressure. This code does not account for vapor shielding. As is shown in the 
next section, vapor shielding has little effect on the melt layer thickness. 

5.5.2. Resu l t s and Discussion 

The model of the vapor shield is very simple at present. Therefore, the thermal 
analysis is performed with and without the vapor shield. Figure 5.5-2 shows the maximum 
plate temperature as a function of time. The maximum temperature of about 8000"C 
is reached in a very short time (~0.01 ms) and drops rapidly at the end of the thermal 
quench time. With vapor shielding, the maximum temperature is reduced by about 
600 °C. 

Figure 5.5-3(A) shows the variation of surface temperature along the plate at the end 
of the thermal quench time (0.3 ms). The surface temperatures in the regions of peak 
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Figure 5.5-2. Time variation of the divertor-plate maximum temperature with (solid 
lines) and without vapor shield (dotted line). 

and average heat fluxes are uniform, and the temperature gradient between these two 
regions is very steep. Although the heat fluxes in these two regions differ by a factor of 5, 
the temperature difference is only about 1000 °C. This is most likely caused by the large 
heat of vaporization and thermal conductivity of the tungsten. Vapor shielding reduces 
the temperatures in the peak and average heat-flux regions by about 350 and 250 °C, 
respectively. 

The center temperature in the peak heat-flux region at the end of the thermal quench 
time (0.3 ms) is shown in Fig. 5.5-3(B) as a function of * (distance into the plate). The 
slope of the temperature profile is very steep, which might cause large thermal stress so 
a stress analysis needs to be performed. By the end of the thermal quench time, the 
temperature rise has penetrated only ~0.36 mm into the 2-mm-thick tungsten coating. 
The reduction of the material temperature due to the vapor shield is small. 

Total evaporation of the tungsten coating is shown in Fig. 5.5-4(A) as a function of 
time after the disruption. Tr-~ cumulative evaporation rate is nearly linear with and 
without the vapor shield. In both cases, evaporation stops quickly after the end of the 
thermal quench time when the surface temperature drops rapidly (Fig. 5.5-2). The total 
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(0.3 ms): (A) surface (x = 0) temperature along the plate and (B) temperature dis
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W evaporation rates with and without the vapor shield are, respectively, about 48 and 
110 /im. One half (1 mm) of the tungsten coating designated for disruption protection 
may, therefore, last about 20 plasma disruptions, or *bout 10 disruptions without vapor 
shielding effects. However, the present vapor-shield model is very simple and further 
work is necessary to develop one that is more realistic. In addition, the contribution 
from the neglected effects, such as melt layer motion and stability, may be significant. 

The time variation of the distance of the melt front from the top surface of the plate 
is shown in Fig. 5.5-4(B). The maximum melt-layer thickness is about 113 jum. The melt 
layer advances even after the end of the thermal quench time (0.3 ms) because of the 
conduction of the sensible heat of the melt layer into the solid. Resolidification starts at 
about 0.5 ms, and the time to the end of resolidification is more than 5 times the thermal 
quench time. Vapor shielding reduces the melt layer thickness only slightly. 

Figure 5.5-5 shows the temperature contour, liquid velocity, and stream lines in the 
melt layer at the end of the thermal quench time. The driving forces for the liquid motion 
are the surface tension and buoyancy forces. This analysis does not account for vapor 
shielding. But, as shown in Fig. 5.5-4(B), the melt layer thickness is only very slightly 
affected by the vapor shield. The liquid motion appears to be very small and is confined 
to the junction area between the peak and the average heat-flux regions. The effect of 
this liquid motion on convective heat transfer may not be significant under the assumed 
conditions. A more rigorous analysis of the thermo-fluid dynamic behavior of the melt 
layer must account for the electromagnetic and recoil forces which are probably crucial 
for the melt layer motion. Further work is necessary to address these effects. 

5.6. PELLET FUELING SYSTEM 

High speed injection of frozen macroscopic (mm size) pellets of hydrogen isotopes has 
become the leading technology for fueling magnetically confined plasmas for controlled-
thermonuclear fusion research. This approach has been demonstrated conclusively on 
a number of toroidal magnetic-confinement configurations including tokamaks, stellara-
tors, and reversed-field pinches. Other related effects such as beneficial improvements in 
energy confinement properties, which have also been observed experimentally on several 
confinement devices, are generally associated with modifications in the plasma density 
and/or temperature profiles as a result of the fueling or particle deposition profiles. 
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(A) 

• • ~ t i - -

(B) 

(C) 
Figure 5.5-5. The melt layer characteristics at the end of the thermal quench time 
(0.3 ms): (A) temperature contour, (B) liquid velocity, and (C) stream lines. 
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5.6 .1 . Pellet-Injection-System Specifications 

The pellet fueling requirements of present and future magnetic-confinement devices 
vary in accordance with the specific plasma parameters (the electron temperatures and 
densities which govern the pellet evaporation rate) and the physical and operating char
acteristics of the device (experiment pulse length, plasma volume, type of plasma limiter, 
etc.). With respect to pellet speed, it is desirable that the pellet have sufficient speed 
to penetrate a specified fraction of the distance to the magnetic axis. This requirement 
is linked to the evaporation rate of hydrogenic ice in a magnetized plasma. Although 
several theoretical models have been proposed to describe this process [25], the model 
that is most often found to be in agreement with the experimental measurements of pellet 
penetration is the so-called neutral-gas shielding model [26 - 29] (discussed in more detail 
in Sec. 5.6.1.1). 

The ablation rate and, therefore, the penetration of the pellet strongly depends on the 
pellet size and the plasma electron temperature; the pellet size is normally constrained by 
the allowable density perturbation to the target plasma. The remaining fueling require
ment is the injection frequency which is related to the rate at which the plasma must 
be replenished. This rate depends on the intrinsic plasma-particle replacement time and 
the net plasma-exhaust rate. The former is roughly proportional to the plasma volume 
and the latter is dependent on the plasma limiter configuration (material limiter, pump 
limiter, magnetic divertor). Small plasma devices with plasma volumes in the range of a 
few m 3 typically require pellet injection frequencies as high as 20 to 30 Hz to maintain 
the plasma density at steady-state levels. Larger devices, such as the Joint European 
Torus (JET), whose plasma volume exceeds 100 m 3 require injection frequencies in the 
5-Hz range. Injection rates of a few Hz or lower will satisfy the requirements for ARIES-I 
(volume —500 m 3 ) and future fusion reactors. 

All pellet injection concepts, whether simple or complex, share common technological 
problems associated with the unique properties of solid hydrogen. The isotopes of hydro
gen (H 2 , D 2 , and T 2 ) freeze in the temperature range of 14 to 20 K [30] which necessitates 
the use of liquid-helium-cooled components for the production of solid material. High 
vacuum and low heat-loss techniques as well as the selection of suitable iow-temperature, 
tritium-compatible, high-strength materials are important design considerations. The 
physical characteristics of hydrogen ice also play an important role, especially with re
spect to acceleration to the range needed for future reactor-grade plasmas. The densities 
of the solid hydrogen isotopes are low (200 and 300 kg/m 3 , respectively, for D 2 and T 2 ) , 
which is certainly an advantage in minimizing acceleration forces. For example, 6-mm 
deuterium pellets weighing only 35 mg can easily be accelerated to speeds in excess of 
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1 km/s in acceleration paths less than a meter long by single-stage light-gas-gun injectors 
operating at propellant gas pressures of 60 bar [31]. However, the yield strength of the 
solid is also small (~5 bar), which will probably place a rather low limit on tolerable ac
celeration forces. Two-stage light-gas guns subject deuterium pellets to accelerations of 
5 to 9 x 10 6 m / s 2 , corresponding to an equivalent acceleration pressure of 50 to 90 bars. 
Encasing the pellets in a capsule (known as a sabot) could further increase acceleration 
rates and eliminate pellet erosion at higher speeds [32], 

5.8.2.1. Pellet ablat ion/penetrat ion calculations 

The neutral-gas shielding model [26-29] is generally in agreement with ths experi
mental measurements of pellet penetration. According to this model, the surface of the 
pellet reacts to the intense plasma heat flux by expelling molecular hydrogen gas (which 
subsequently dissociates and ionizes) at a sufficiently high rate to partially shield the 
surface from the external plasma environment. The concept of the neutral gas shield 
is derived from the mechanism by which the plasma heat flux is attenuated by the gas 
cloud that envelopes the pellet. Heat tiaaspoit to the pellet surface is accomplished 
via plasma electrons that penetrate the ablatant; in the early models, the electron flux 
was treated as a monoenergetic beam subjected to a continuous slowing-down process. 
In the ARIES-I formulation, the evaporation rate is governed by the stopping power of 
the ablation cloud. The effect is to increase the energy required to liberate a molecule 
from the surface of the pellet to about 2 eV, as compared to the sublimation energy of 
0.01 eV. The rate at which the pellet surface recedes, given in terms of the local electron 
temperature, T e , and plasma density, n<., is 

dr n 1 / ' i T l ' w r-'1^ 
? = 3 . 1 x 1 0 ° " - - ° , (5.6-1) 

where SI units are used except for Tc (which is in eV), n° = 3.1 x 10 2 8 rrT : l is the molec
ular number density of the solid, and m is the molecular mass. 

The time for complete evaporation of the pellet (the pellet lifetime) is determined 
by integrating Eq. (5.6-1) over the pellet trajectory. Of particular interest is the veloc
ity required to penetrate to the magnetic axis of the plasma. For conditions in which 
the plasma temperature and density increase linearly with distance [i.e., Tr/Tr,(Q) = 
ne/nc(0) = 1 - x/a, where x is the plasma radius and a is the minor radius, and (0) 
denotes the central conditions], the pellet lifetime can be expressed analytically as 

T = 5.8 x 1 0 ~ 7 < n,(0)-"' : i ; i Te[0YSA r 5 / : l . (5.6-2) 
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It follows that the speed required to penetrate to the plasma center is given by the ratio 
of the plasma minor radius to the lifetime as determined by Eq. (5.6-2). The ablation 
rate is most sensitive to the electron temperature. Higher temperatures imply shorter 
pellet lifetimes and consequently higher pellet speeds are needed to penetrate a given 
plasma size. Using larger pellets is a technique that is frequently utilized to obtain 
central penetration in higher-iempevalure laboratory plasmas. However, large pellets 
impose large perturbations on the plasma density. Although increments in excess of 
100% have been demonstrated, 20% to 30% global perturbations are more desirable for 
plasma stability. For an ignited plasma, the perturbation may have to be lower stil! to 
avoid quenching the fusion reaction. For a power reactor, the perturbations should be 
even smaller in order to keep the fusion power absorbed by the in-vessel components and 
blanket in a near steady-state condition. For this case, the maximum density perturbation 
per pellet depends on the details of particle and power transport in the plasma and 
the penetration depth of the pellet For the ARIES-I fueling analysis, the maximum 
density perturbation per pellet has been set at 15% during the burn phase. From this 
increment (15%), the plasma volume (-500 m' 1), and the DT density (1.1 x 10 2" m~ 3 ) , 
the cylindrical-pellet size is found to be 6 mm in diameter and in length. A 5% fuel 
change corresponds to 4-mm pellets (the size used in the ARIES-I transport analysis). 
If sabots are not used, the pellet will have to be somewhat larger at formation due to 
erosion-type losses during the acceleration process. 

According t^ Eq. (5.6-2), a 4-mm-diam tritium pellet that penetrates to the center of 
a Xe(0) 2; 40-keV plasma would evaporate in just about 40 ms and, consequently, pellet 
speeds approaching 40 km/s would be required to penetrate to the center of a 1.5-m 
minor-radius discharge. To penetrate beyond the scrape-off layer, much lower velocities 
(of ordei 1 km/s) are adequate. During the ramp-up to ignition of ARIES-I, the two-
stage pneumatic injector will provide pellets with ~20% to 30% density perturbation at 
velocities up to 5 km/s into plasmas with electron temperatures that are initially modest 
compared to burn conditions. This will provide some measure of profile control to the 
evolving plasma density and possibly reduce the auxiliary power required to initiate the 
plasma burn phase. In large laboratory plasmas with the present state-of-the-art injectors 
operating at ~1.5 km/s, central penetration typically occurs for peak temperatures on 
the order of 2.5 keV. Although the neutral-gas shielding model has been bei t '.marked in 
this temperature range, velocity projections based on extrapolation to the 20-keV reactor 
regimes should be considered only as approximate. Other shielding mechanisms, such as 
the development of a region of high pressure plasma near the pellet surface that diverts 
magnetic field lines away from the pellet, are predicted to increase the pellet lifetime by 
as much as 30% and thereby reduce the velocity requirement proportionately [29]. 
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Pellet ablation calculations have been performed for the reference ARIES-I plasma 
that include specified plasma profiles for electron density and electron temperature. The 
electron energy flux is normally the dominant effect even in ignited plasmas. Thir partic
ular model used is the neutral-gas shielding model. Results are presented in Fig. 5.6-1. It 
CPI? b" seen that pellet velocities in the range of 1 to 5 km/s allow fueling well beyond the 
edge region, even for central electron temperatures of order 35 keV. Deeper penetration 
is possible if the magnetic shielding mechanism described above is operative in reactor 
regimes or if larger pellets can be tolerated by the burning plasma. The penetration 
shown in Fig. 5.6-1, however, is sufficient to significantly decouple core-plasma fueling 
from the edge region, which is not possible with gas puffing alone. This allows higher 
fueling efficiencies and lower tritium inventories since the high hydrogenic fluxes required 
in the edge for optimum divertor conditions and helium exhaust can be done with deu
terium gas puffing while the plasma refueling can be done predominately with DT pellets 
with controllable isotopic concentration. The pellets may also allow a net impurity flux 
to the edge region which is difficult to achieve with gas puffing alone. 

Plasma Radius (m) 
Figure 5.6-1. Pellet penetraikn and ablation in the ARIES-I plasma for pellet velocities 
of 1, 1.5, 4.5, and 20 km/s. 
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5.6.1.2. ARIES-I pellet-fueling specifications 

Performance requirements for the ARIES-I pellet-injection system were developed to 
ensure a sufficient fueling rate for the specified fusion power and fractional burn while 
minimizing the impact on the isotope reprocessing system and local tritium-inventory 
levels. Another consideration for this initial fueling-system evaluation was that the sup
porting technology had to be clearly extrapolatable from present systems to ensure high 
component reliability in a steady-state fueling system. The technology had to be capable 
of accelerating repetitive pellets (repetition rate of order 1 Hz) for continuous pulses at 
high component reliability (of order 90% to 95%). These considerations eliminated some 
of the more exotic (very high velocity) methods of plasma fueling (such as electron-beam 
pellet ablation and compact toroid fueling) from consideration, although such systems, 
at least in a single-shot mode, may be available on the timescale of ARIES-I. The spec
ifications of the ARIES-I pellet-injection system are given in Table 5.6-1. 

5.6.2. ARIES-I Pellet-Injection Sys t em 

5.6.2.1. Sys t em descr ip t ion 

The pellet injection system comprises three pneumatic pellet injectors; a high velocity 
(two-stage light-gas gun) injector and two moderate velocity (single-stage light-gas gun) 
injectors. The parameters of each are given in Table 5.6-II and described below. 

1. A high velocity injector will be used with one of the moderate velocity injector;, lor 
density ramp-up to ignition. It could also be used for the burn phase if a sufficient 
piston lifetime is achievable. The second moderate-velocity injector will be used 
for continuous fueling well beyond the edge region during the burn phase. The 
moderate velocity injectors are similar and could be used interchangeably, hence 
providing greater reliability. 

2. Barrel diameter accounts for radial growth due erosion loss in barrel. The capability 
of using pellets of varying sizes is obtained by using two separate light-gas guns in 
a common enclosure. 

3. Barrel diameter accounts for the thickness of sabots. The capability of using pellets 
of varying sizes is obtained through sabot design. 
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Table 5.6-1. 
ARIES-I Pellet-Injection-System Specifications 

Pellet diameter*"' (mm) 4 - 6 
Pellet species*4' H, D, T, DT 
Pellet velocity( c' (km/s) 1 - 5 
Maximum injection frequency (Hz) 3 
Total pellets 

Ramp-up 60 
Burn Continuous 

System reliability^' 97% 

'"'Corresponding to 5% and 15% density perturbation per pellet. 
^Normal species mix is 50:50 DT, but this can be varied. 
*c'Low end (1-1.5 km/s) is with a single-stage pneumatic injector (alternate-

centrifuge injector); high end is with a two-stage pneumatic injector. 
' 'Achieved through combination of pellet injectors. 

Table 5.6-II. 
ARIES-I Pellet-Injection-System Parameters 

Moderate Velocity Injectors High Velocity Injector 

Pellet speed (km/s) 1 - 1.5 2 - 5 
Barrel diameter (mm) 5.0 & 6.72 9.03 
Pellet type H, D , T , DT H, D, T, DT 
Repetition rate (Hz) 0 - 5 0 - 2 
Reliability 95% 90% 
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The moderate-velocity pellet-injection design, similar to the JET pellet injector [31], 
consists of two single-stage, light-gas guns in a vacuum enclosure. Pellets of different 
diameters are used because of the ranges of plasma density perturbation per pellet 
(Table 5.6-1) and of plasma operating densities. The ramp-up to ignition will have a 
continuously increasing plasma density, and the ignition density will differ in accordance 
with plasma temperatures and heating profiles. The largest pellet (6.0-mm diam) causes 
a 15% density perturbation in ARIES-I For the moderate velocity injector, the diameter 
of the formed pellet, as well as the barrel, may have to be ~10% to 15% larger than the 
pellet size listed in Table 5.6-1 because of the possible erosion of the pellet material in the 
barrel during acceleration. Barrel erosion increases with pellet velocity, however, barrel 
erosion should be small for the velocity range of 1 to 1.5 km/s of the moderate velocity 
injector. (Tritium and DT pellets are especially vulnerable to excessive tritium loss by 
barrel erosion). The reliability figures in Table 5.6-11 are believed achievable. The JET 
pellet-injection system has operated for sustained periods at reliability well over 90% [53]. 
The overall system reliability of 95% will be achieved by improving existing designs and 
by utilizing the potential overlap (of pellet sizes and repetition rates) between the moder
ate and high velocity injectors. Thus, the smaller pellet size in Table 5.6-II (5-mm diam) 
allows fueling rates equivalent to the nominal 6.7-mm pellet if higher pellet-repetition 
rates are used. Penetration of the pellet into a hot plasma is a strong function of the 
initial diameter (proportional to r 5 ^ ) of the pellet, and the largest possible pellet (given 
the perturbation limits) should be used to provide the most leverage on plasma density-
profile peaking. It is well known that peaked density profiles increase the fusion rate and 
can, therefore, increase the ignition margin even if the plasma transport is unchanged. 

The centrifuge pellet injector [34, 35] is an alternative to the moderate velocity in
jector. This configuration has the advantage of not having a propellant gas load, which 
eliminates the need for a differentially pumped pellet-injection vacuum line and the re
processing requirements of a large propellant-gas flow. Experience with this concept 
indicates that at pellet velocities above 600 to 800 m/s, it is difficult to produce con
sistently intact pellets, although further research may mitigate the problem. Currently, 
however, the larger pellet size required by ARIES-I may amplify this effect because of 
the larger free surface during the acceleration phase. Pneumatic gun barrels constrain 
the pellet in two dimensions during the acceleration phase, which is not possible in the 
rim of a centrifuge arbor. Thus, centrifugal injectors remain an option for fueling beyond 
the scrape-off layer and the performance of the recently installed centrifugal injector on 
the Tore Supra should be evaluated for future ARIES-I application. An open question in 
the trade-off between the centrifuge and pneumatic approaches for the moderate velocity 
injector is the benefit provided by the additional 400 to 800 m/s: offered by single-stage 
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pneumatic injectors. This incremental velocity is substantial in the warm, outer plasma 
region and the implications of this additional penetration need to be evaluated. Finally, 
it should be mentioned that the present level of effort in developing the centrifuge injector 
concept is quite small. 

The high-velocity pellet injector is based on the two-stage light-gas-gun concept [36] 
where a piston is pneumatically acceleiatea in a high-pressure pump tube and provides an 
adiabatic compression of a piopellant gas between the piston and the pellet/sabot. The 
resulting high pressures (up to 6,000 bar) and, more importantly, high temperatures (up 
to 4,000 to 8,000 K) can accelerate the pellet/sabot payload to muzzle velocities in the 
4- to 5-km/s range. Explosively driven pistons have accelerated heavy kg-size projectiles 
to speeds above 6 km/s in single-shot, two-stage light-gas guns. For the pellet/sabot 
combinations used for ARIES-I, the accelerated mass is typically <0.5 g and the mass 
per unit area is <7.5 kg/m 2 . This permits consideration of repetitive operation since 
the pump tube conditions are moderate enough to allow multiple shots with a single 
piston. The sabots are separated from the hydrogenic pellets in the injection line to 
the torus and allowed to impact a ruggedly designed target plate, Two-stage light-gas-
gun pellet injectors are under development at Oak Ridge National Laboratory and in 
Europe [31,37-40]. 

5.6.2.2. Sys t em layout 

A plan view of the pellet injector installation is shown in Fig. 5.6-2 and extrapolated 
from the proposed ITER pellet-injection system. The two-stage high-velocity injector 
is located on the centerline of a vacuum vessel port at approximately 24.5 m from the 
center of the ARIES-1 reactor. The moderate velocity injectors are on either side of the 
two-stage pneumatic injector such that the centerlines of the three injectors converge in 
the mid-plane at a major radius of 6.0 m. To prevent the propellant gas from reaching 
the torus, the injectors are isolated from the vacuum vessel by a series of three separately 
pumped vacuum chambers connected by conductance-limiting pellet guide tubes and 
flow-limiting fast-acting valves. The pellet injector bay is shielded by the structural 
shielding wall, by a rotating eccentrically bored shielding drum in each injection line (to 
limit line-of-sight exposure of the injectors), and by modular shielding around the high-
vacuum isolation chamber. The bay also serves as a redundant containment boundary 
and is sealed by bellows at the shielding wall and by an airlock at the entrance. The 
walls, floor, and ceiling of the bay will be sprayed with a peelable compound that can 
be removed and replaced in the event of tritium contamination. Equipment in the pellet 
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injector bay is serviced by a 10-ton crane and a bridge-mounted articulated manipulator 
supported on curved rails at machine radii of approximately 15.7 m and 29.5 m. 

5.6.2.3. Single-stage light-gas-gun analysis 

A gas gun operates on the principle that a projectile confined laterally in a tube or gun 
barrel will experience an acceleration when subjected to an applied pressure imbalance. 
When the fluid that supplies the driving force is a compressible gas, the projectile can be 
accelerated to high speed as the internal energy of the gas is converted in the expansion 
process to kinetic energy of the projectile. 

The performance of the basic, single-stage light-gas gun can be modeled analyti
cally [41] by assuming that the pellet accelerates in an infinite tube of constant cross 
section. The motion of the pellet is then governed by the propagation of simple rar
efaction waves into the high pressure medium [42], Neglecting non-ideal effects such as 
friction at the projectile/tube interface, heat transfer, and viscosity, the pellet velocity, 
U(t), at time, t, after the sudden application of the gas at pressure, P„, is given by 

u& = ^ T \ 1 _ l + ^ M C T "J / ' ( 5 3 ) 

where Ca is the propellant-gas sound speed, 7 is the ratio of specific heats, M is the 
projectile mass, and Av is the projectile base area. 

Equation (5.6-3) illustrates several important points concerning the acceleration of 
the hydrogen isotopes. First, high performance is possible with relatively low forces 
(pressures) since the projectile mass is small. Secondly, a high sound speed is required 
for high speed operation, which favors low molecular-weight gases and high temperature. 
A study of the effects of propellant gases of different mass and temperature on perfor
mance was reported [43]. It was found that waim hydrogen at 400 K provided about a 
30% improvement relative to room temperature helium. Other studies of propellant gas 
heating have not been conclusive and this approach to incremental performance gain is 
not recommended for ARIES-I. The effect of pellet mass was also studied [44] and it 
was found that the performance with deuterium is reduced by about 15% relative to the 
lighter hydrogen pellets. Kecent experiments with tritium pellets performed by Fisher 
et al. [45] (Fig. 5.6-3) show a similar reduction relative to the deuterium data. 

The data of Fig. 5.6-3 and results from other studies [46] generally agree with the 
predictions of Eq. (5.6-3) (the ideal gun theory) to within 80% [47], These data show 
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Figure 5.6-3. (A) Pellet velocity as a function of the supply pressure for deuterium and 
tritium pellets. (B) Deuterium-pellet velocity data and theoretical results. 
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a saturation in velocity at about 2 km/s, which is because the pellet is traveling at 
speeds greater than the local sound speed. At velocities above ~1 .5C 0 , pressure pulses 
emanating from the breech of the gun can not propagate quickly enough in the cold 
gas that fills the barrel. Consequently, the pressure at the base of the pellet, which is 
responsible for the acceleration, is reduced substantially belov: the breech pressure, P0. 
For this reason, single-stage light-gas guns are generally limited to pellet speeds slightly 
in excess of 2 km/s. As we shall see later, this limitation is overcome in two-stage light-
gas guns where higher accelerations are maintained by increasing the temperature of the 
propellant by rapid adiabatic compression of the gas at the breech. 

The pellet feed in a repetitive pneumatic gun is generally accomplished with cryogenic 
extruders that are generally capable of moving solid material at a sufficiently high rate 
of speed (~5 cm/s) to provide a "real-time" pellet-feed system. The apparatus shown 
in Fig. 5.6-4 is an example of a repeating pneumatic injector [44] that is capable of 
delivering pellets continuously at rates of up to 5 Hz. The injector developed for the 
JET [31,34] tokamak features thre* units of 2,7-, 4-, and 6-mm capability in a common 
vacuum enclosure. This versatile device consists of three independent, machine-gun
like mechanisms that operate at cryogenic temperatures (14 to 20 K). Individual high
speed extruders provide a continuous supply of solid deuterium to each gun assembly, 
where a reciprocating, electromagnetically driven, breech-side cutting mechanism (punch 
tube) forms and chambers cylindrical pellets from the extrusion; deuterium pellets are 
then accelerated in the gun barrels to velocities < 1.5 km/s with controlled amounts of 
compressed hydrogen gas delivered by fast electromagnetic valves. 

Each gun is capable of operating (individually or simultaneously) at the design rep
etition rate for 15-s duration pulses (limited only by the capacity of the extruder feed 
system). The extruder section consists of a liquid reservoir positioned above a cylindrical 
freezing chamber that is fitted at its outlet with a tapered, copper extrusion nozzle. A 
programmable motor-driven screw press activates a piston that moves vertically inside 
the cylindrical bore of the freezing chamber where the solid deuterium charge is located. 
The extrusion nozzle, which terminates just above the chambering mechanism position, 
provides a smooth transition from the 10.5-mm cylindrical extruder bore to a rectangular-
like cross section whose length is larger than the punch tube diameter and whose width 
determines the length of the pellet. Present deuterium extruders typically operate at 
~14 K where the shear strength of the ice is sufficiently low to prevent excessive piston 
forces at high extrusion rates. 

The extruder system described above, with modifications to provide tritium-compatible 
materials and a minimum tritium-waste stream, will suffice for the injectors used for 
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plasma ramp-up to ignition. The continuous injector for the burn phase will require 
a steady-state extruder system, such as the double extruder system proposed by the 
Leningrad Poly technical Institute, that allows one extruder to be refreshed while the other 
is extruding pellet feed material. Another variant is a rotary extruder with synchronized 
valves to allow extrusion and refreshing at different locations. Extruder development is 
required for ARIES-I. 

An analysis of the performance of single-stage light-gas guns for ARIES-I has been car
ried out using two methods: (1) generic light-gas-gun curves developed by A. E. Seigel [48) 
and (2) numerical calculations using a Lagrangian finite-difference code (47]. The generic, 
dimensionless curves developed by Seigel were made by using both the method of char
acteristics and a Lagrangian code with no losses. The Lagrangian finite-difference code 
has the following capabilities for modeling either single-stage or two-stage light-gas guns: 
(1) Lagrangian formulation of the finite-difference representation of the 1-D differential 
equations of continuity, motion, and energy; (2) shocks which form in the pump tube 
and barrel are treated by the artificial viscosity method of von Neumann and Richtmyer 
which spreads out shocks due to dissipative effects such as viscosity and heat conduction; 
(3) the code can model either real {variable specific heat) or ideal gases; and (4) non-ideal 
effects (e.g., piston friction and plastic deformation, heat transfer from gas to wall, and 
smooth-wall or constant-factor gas friction) can be included. 

When the code was used in the single-stage pneumatic mode to model TPOP injector 
data, best agreement was obtained by using the ideal gas equation of state with gas 
friction [see Fig. 5.6-3(B)]. Runs made with the two-stage version of the code show gas 
friction to be the dominant non-ideal effect with heat transfer and piston friction account
ing for only 10% of the energy loss relative to that due to gas friction. This conclusion 
agrees with recent theoretical work at the RIS0 National Laboratory in Denmark. 

As mentioned earlier, the pellet size is determined by providing a 15% density per
turbation per pellet, corresponding to a 6.0 x 6.0-mm right circular-cylinder DT pel
let. For a single-stage light-gas gun operating without sabots, the pellet size would be 
6.7 x 6.7 mm and the DT pellet would weigh 0.059 g. Results from the code runs, pre
sented in Table 5.6-III, show that the velocity goal of 1 to 1.5 km/s is achieved. The 
maximum pellet acceleration for the bare pellet is within acceptable limits. For 6.0-mm 
pellets, the pellet repetition rate is about 1 Hz and the propellant gas load is ~700 
mbar-l/s. • 

It should be noted that the use of sabots to limit erosion losses for the single-stage 
light-gas gun slows the pellet down to near 1 km/s where barrel erosion is probably 
not significant. A saboted pellet for the single-stage light-gas gun is not desirable for the 
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Table 5.6-III. 
Single-Stage Pellet-Injector Parameters 

Pellet speed (km/s) 1.48 

Projectile mass (g) 0.059 

Barrel diameter (mm) 6.7 

Barrel length (m) 1.25 

Breech length (m) 0.20 

Propellant gas load (mbar-1) 710 

Repetition rate (Hz) 0 - 5 

Maximum acceleration (m/s 2 ) 6.0 x 106 

following reasons: (1) the propellant gas load is significantly increased (2.5 times) and the 
muzzle velocity is 30% lower for the sabot case; (2) the use of sabots limits the repetition 
rate to a few Hz which decreases flexibility; (3) the problem of sabot separation after a 
pellet/sabot exits from the barrel increases the complexity of the device; and (4) since 
the single-stage injector will be used in the continuous burn phase, the use of sabots at 
a repetition rate of 1 Hz generates significant tritium-contaminated waste. 

5.6.2.4. Two-stage light-gas-gun analysis 

As shown above, it will be difficult to accelerate DT pellets with a weight of order 
100 mg to speeds above 1.5 to 2.0 km/s with single-stage, room-temperature-propellant, 
pneumatic guns. To achieve muzzle velocities in the range 2 to 5 km/s requires raising 
the temperature (sound speed) of the propellant gas at significant pressure levels. A 
straightforward way of doing this is possible by using two-stage pneumatic light-gas 
guns. This concept, developed in the late 1940s by W. D. Crozier [36], was refined over 
the next 25 years, and is today the major method for hypervelocity research at the major 
defense and aerospace facilities. The main reason for its longevity is the basic simplicity 
of the concept. Propellant gas at moderate pressure (30 to 100 bar) accelerates a plastic, 
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metallic, or composite piston (mass 30 g to a few kg) to velocities in the range of 100 
to 350 m/s in a high-pressure, thick-walled pump tube. The low pressure gas (H or 
He at ~ 1 bar) on the other side of the piston is initially at room temperature and is 
subsequently adiabatically compressed to high temperature and pressure and becomes 
the driving gas for the projectile. At this higher pressure, the mechanical strength of the 
hydrogenic pellet becomes a design constraint and the peak pellet acceleration must be 
controlled. 

Single-stage pneumatic guns typically have peak pellet-ucceleration values in the range 
1 to 8 x 10 6 m / s 2 for barrel lengths of order 0.5 to 1.0 m. By carefully controlling the 
pellet formation process and temperature, it is possible to accelerate consistently intact 
pellets in this acceleration range. Initial experiments to accelerate hydrogenic pellets with 
two-stage light-gas guns are described in Refs. [32,37-40]. These experiments report 
peak acceleration levels in the range 5 to 6 x 10 s m / s 2 without pellet breakup. This is 
somewhat lower than pellet acceleration values inferred from the best pellet performance 
in single-stage guns. For example, the TPOP data [Fig. 5.6-3(B)] had inferred peak 
acceleration values for deuterium pellets near 10 r m / s 2 at the higher breech pressures, 
which agrees well with peak acceleration computed by the Lagrangian code with smooth-
wall gas friction. In designing a two-stage gun, it will be necessary to limit the peak pellet 
acceleration to levels around 6 to 8 x 10 s m / s 2 if sabots are not used. Higher acceleration 
levels would be feasible with sabots, and initial efforts [32] with unoptimized plastic sabots 
encasing deuterium pellets were accelerated to muzzle velocities of 3,400 m/s . The sabots 
also limit erosion of the pellet diameter, which becomes an issue at higher velocities. Two 
complications introduced by sabots are the separation of the sabot from the pellet and the 
sabot impact on a suitable target material. These become more critical for a repeating 
pellet injector where eventual steady-state operation is desired for fusion-reactor-scale 
devices. 

A two-stage gas-gun arrangement suitable for ARIES-I is shown in Fig. 5.6-5 and its 
parameters are given in Table 5.6-IV. This gun comprises (1) the first stage reservoir 
containing about 4.8 liters of hydrogen gas at a pressure between 30 and 100 bar, (2) a 
plastic-metallic composite piston of mass 217 g and mass density 2,000 k g / m ! , (3) a 
cylindrical pump tube (the second staje) of 2.5-m length filled initially with hydrogen 
propellant gas at 1.1 bar pressure, and (4) a cryogenic extrusion and sabot-positioning 
apparatus which serves as the cryogenic pellet source. In Fig. 5.6-5, the first and second 
stages are separated by a repetitive fast valve. The friction between the tight fitting 
sabot and the barrel determine the breakaway pressure (typically 20 to 70 bar) of the 
projectile. 



5-54 IMPURITY CONTROL SYSTEM 

mass MW-O.J kg L H t 

DT EnruOcr/ 
Sitwl Feed 

/ &T 
Puraplube: L=258 cm, D=4.44 cm 

Fast Pneumatic Valve 

Bincl: 1-150 cm 
D= 0.9 cm 

H2 
-0-3bar 

Low Vacuum 
Chamber 

Sabot Stripper 
§1= 

* 

FloW'LimiLing 
Fast Valve 

to Vacuum Pump 

Figure 5.8-5. ARIES-I two-stage light gas gun. 

Present systems operate at up to 2.8 km/s with unprotected deuterium pellets [38]. 
The speeds have been limited by a progressive reduction in the pellet diameter, thought 
to be caused by erosion by the gun barrel wall, which becomes important at Bpeeds 
>2 km/s [32]. Speeds as high as 3.8 km/s have been achieved by encasing the pellet 
in a sabot [32,40]. With sabots, the pellet can withstand the higher acceleration rates 
imposed by the two-stage gun and is protected from the effects of erosion. Sabots that 
separate from the pellet after it exits the muzzle are being developed in the U.S. and in 
Europe. To maximize performance of a two-stage gun, it is necessary to maintain the 
pellet acceleration as close as possible to the pellet or sabot fracture limit throughout 
its travel through the gun barrel. This is essentially the constant base-pressure approach 
discussed by Seigel [48]. The two-stage concept is potentially attractive for approaching 
roughly constant base pressure because of the ability to control pump tube conditions 
by varying the first-stage pressure input, initial pressure in the second stage, and piston 
mass density. 

Using the Lagrangian code discussed in Sec. 5.6.2.3, the performance of an ARIES-I 
two-stage light-gas gun was studied. Inputs and outputs of the code are summarized 
in Table 5.6-IV. The pressure behind the projectile and piston velocity, as well &B the 
projectile velocity and acceleration as functions of distance along the barrel, are shown 
in Fig. 5.6-6. 
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Table 5.6-IV. 
TVo-Stage Light-Gas-Gun Code Results 

Code Inputs 

Pellet/sabot mass (g) 0.4 

Piston mass (g) 217 

Piston density (g/cm 3 ) 2 

First stage pressure (bar) 54.8 

First stage volume (liter) 4.8 

Second stage (pump tube) pressure (bar) 1.1 

Pump tube length (cm) 258 

Pump tube diameter (cm) 4.44 

Barrel length (cm) 150 

Barrel diameter (cm) 0.90 

Propellant gas H 

Sabot release pressure (bar) 70 b; ar 

Code Outputs 

Pellet velocity (m/s) 4,700 

Peak pellet/sabot acceleration (m/s 2 ) 3.2 x 10T 

Peak pump-tube pressure (bar) 5,800 

Peak pump-tube temperature (K) ~3,000 

Maximum piston velocity (m/s) 315 

Two-stage active pulse length (ms) 13 
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Figure 5.6-6. Performance of the ARIES-I two-stage light-gas gun: (A) pellet acceler
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The performance of this gun meets the velocity objective of 4 to 5 km/s while keeping 
propellant gas loads to reasonable levels. While modeling the two-stage light-gas-gun dy
namics, variations in gun geometry, piston mass, and initial gas pressures were evaluated. 
The constraints were to meet the velocity objective while keeping the peak pump-tube 
pressure less than about 7000 bar in a reasonable sized system to minimize propellant 
gas loads. This problem is nonlinear and progress towards a design point is done by com
putational iteration aided by guidelines from experimental data in prototypical systems. 
Performance (muzzle velocity) is not strongly affected by piston mass once an optimum 
pump-tube length and initial pump-tube pressure have been chosen. The piston mass 
and initial first-stage (reservoir) pressure have been varied to meet the above-mentioned 
constraints. Increasing the first stage pressure always results in increases in muzzle veloc
ity, maximum piston velocity, and maximum pump-tube pressure. Changing the piston 
mass can actually result in a higher pump-tube pressure as the muzzle velocity decreases 
because the dynamics at the end of the pump tube are coupled to the pellet dynam
ics through the specified breakaway pressure of the pellet/sabot. (This can be set by 
providing a shear lip on the back circumference of the sabot.) The current goal of the 
development program is to produce a system with maximum repetition rate in the 1- to 
2-Hz range, which is more than adequate for ARIES-I. 

5.6.2.5. Pellet injection line 

The pellet injectors use a light gas to accelerate the pellets and a design consideration 
is to ensure that only a low amount of propellant gas is introduced into the vacuum vessel. 
For the high velocity injector, sabots are required because of the large initial accelerations 
of the low-strength hydrogen ice. Pellets accelerated by the moderate velocity injector, 
however, will not be encased in a sabot. These pellets will experience some erosion due 
to contact with the barrel (in the range of 10% to 40%, depending on the pellet velocity). 
For ARIES-I, with a likely velocity in the Tange of 1 to 1.5 km/s, a conservative mass loss 
of 30% due to erosion is assumed. Therefore, the propellant gas is contaminated with 
tritium and has to be stored or recycled. 

For pneumatic injectors, there are three potential light gases for pellet acceleration: 
hydrogen, deuterium, and helium. The sound speed, C„, and escape velocity, v e , are 
defined as 

C° = 0 -I - ) , (5-6-4) 

ve = ~—[Ca, (5.6-5) 
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where 7 is the ratio of specific heats, T is the gas temperature (room temperature for 
the moderate velocity injector), M is the gas molecular weight, and R is the universal 
gas constant. The escape velocity, which is never attained in practice, is that velocity 
attained by a projectile undergoing an ideal isentropic acceleration when the gas pres
sure behind the projectile decreases to zero. Both of these parameters are figures of 
merit for the choice of gas in pneumatic injectors. Hydrogen gas has the highest sound 
speed (1310 m/s) and escape velocity (6551 m/s) . For this reason, hydrogen is normally 
used for the propellant gas in light gas guns. Helium is also used occasionally because 
it is complicated to design exhaust systems to eliminate excessive hydrogen concentra
tions. However, for ARIES-I, because the on-site reprocessing system can accommodate 
tritium-contaminated hydrogen streams efficiently, it was decided to use hydrogen as the 
propellant gas since it gives the best performance in terms of muzzle velocity. The rela
tive reductions of pellet muzzle velocity at a given propellant-gas pressure for hydrogen, 
deuterium, and helium are shown in Fig. 5.6-7. The muzzle velocities on the vertical axis 
are from ideal gun theory and, in practice, higher breech pressures would be required for 
a given muzzle velocity. 

Because the leakage rate into the ARIES-I vessel is specified at 0.1 mbar-l/s and the 
propellant gas (H) is an impurity for D and DT plasmas, a value much smalk: than the 
propellant gas load used to accelerate the pellet. For the ARIES-I reactoi, the refueling 
rate is ~ 5 x 10 2 1 DT molecules/s. With an erosion mass loss of 30%, this requires injec
tion of 6.7 x 6.7-mm cylindrical DT pellets at a rate of about 1 Hz (for a plasma density 
perturbation of 15% per pellet). Hydrogen-propellant gas per pellet of order 710 mbar-l/s 
is required for the single-stage pneumatic injector. Figure 5.6-8 is a schematic of a dif
ferentially pumped, vacuum-injection line that uses tritium-compatible vacuum pumps 
and limits the hydrogen propellant gas to the ARIES-I vessel to significantly less than 
0.1 mbar-l/s. To accomplish this goal, the pellet injectors are isolated from the torus by 
a series of three separately pumped vacuum chambers connected by conductance-limiting 
pellet guide tubes and flow-limiting fast-acting valves (Figs. 5.6-2 and 5.6-8). Most of 
the propellant gas is pumped by the Normetex scroll pumps at the low vacuum chamber. 
A fast-acting valve on the down-range side of this chamber opens for a small fraction of a 
second to allow the pellet to pass, and some of the propellant (~10 mbar-I/s) escapes to 
the mid vacuum chamber where most of it is pumped by three 5000-1/s turbomolecular 
pumps. A very small amount (<0.01 mbar-l/s) of the gas in the mid vacuum chamber 
escapes through the guide ta.be to the high-vacuum chamber, where it is pumped by two 
500-1/s turbomolecular pumps. From the high-vacuum chamber, <0.005 mbar-l/s of the 
gas escapes to the torus. This design includes one redundant pump at each of the three 
chambers so that a single pump failure will not prevent operation of the injectors. 

http://ta.be
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Figure 5.6-7. Projectile velocity as a function of breech pressure for three light-
propellant gases. 

5.6.2.8. Sys tem gas flows 

The ARIES-I pellet-injection-system gas flows are given in Table 5,6-V. The design 
column is an estimate of requirements for the reprocessing system and includes some 
conservatism for current unknowns and future flexibility. The actual value of hydrogen 
contamination of excess DT from the extrusion process is not well known. Because 
the DT contamination will probably be no more than a few %, thi6 stream could be 
processed separately from the propellant gas stream which is predominately hydrogen. 
Although the first-stage propellant load of the two-stage injector is substantial, tritium 
contamination may be low so a local recycle and compression may be feasible. Deuterium-
tritium levels of 0.1% to 1.0% in the recycled propellant gas are feasible without much 
effect on ballistic performance; a limiting factor may be the amount of tritium inventory 
tied up in the recycled hydrogen propellant gas. 
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Tfcble 5.6-V. 
Pellet-Injection-System Flows (mo l /h ) ( a 

Without Sabot With Sabot Design Value 

Single-stage pneumatic injector' ' 
H2 propellant gas 78 150 
DT to torus 22 40 
Excess DT from pellet formation' 0 ' 32 60 
DT in propellant gas 10 20 

Two-stage pneumatic injector^ 
H2 propellant gas 

Single s taged 2,000 2,000 4,000 
Two s taged 26 26 50 

DT to torus 2.4 2.4 5 
Excess DT from pellet formation*0' 4.8 2.64 10 
DT in propellant gas<3> 2.4 0.24 5 

( a 'Desired purity of returned mole fraction DT < 0.1% — 1.0% propellant gas. 
O Based on continuous operation. 
* c'From the extruder feed; should be fairly pure (i.e., little H2 contamination). 
<rf>Used during plasma start-up; assumed production of 30 pellets every 12 minutes 

(i.e., 5 tokamak pulses per hour). 
' e ' lsolated from the DT pellet by a yet-to-be-developed piston cylinder seal; only 

slight contamination by DT and could be recycled locally at the pellet injector. 
" 'Similar to a single-stage gas stream because it is from the barrel muzzle and, 

therefore, could be contaminated with DT. 
<s>Based on 50% mass loss at velocities of 2 to 2.5 km/s. 
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Liquid helium will be used to cool the extruders and maintain design temperatures of 
14 to 15 K for the DT ice. Actual consumption rates will depend on the specific design 
of the system including heat shielding, reflecting surfaces, and optimum use of the cold 
waste stream to minimize consumption. The liquid helium system will be a closed system 
and consumption will be small compared to the magnet loads. Existing systems typically 
consume 15 to 25 1/h and ARIES-I consumption should be of order 100 1/h. 

b.6.2.7. Neutron ac t ivat ion and ma in t enance approach 

In principle, injector component activation can be low because of the small-diameter 
(few cm) guide tubes used for pellet transport in the vacuum injection line [49]. The 
neutron flux to injector components may be reduced to tolerable levels for limited hands-
on maintenance by using shielding around the guide tubes, a shielded isolation valve 
when the injector is idle, a rotating synchronized neutron-shield plug for the continuous 
injector, and perhaps a slight curvature of the gnide tubes to eliminate direct line-of-sight 
to the vacuum vessel. 

Limited hands-on maintenance of most injector components appears feasible but a 
specific neutronics calculation is needed to quantify this with reasonable exposure times 
for normal and corrective maintenance. A design goal is to maintain the capability of 
hands-on maintenance for all components beyond the modular shielding wall (Fig. 5.6-2) 
Several components wl!! require remote maintenance or replacement: (1) the torus vac
uum isolation valve and adjacent bellows, and the ceramic break in each injection line 
(item 13, Fig. 5.6-2) and (2) the turbomolecular vacuum pump and the drive motor as
sembly for the rotating neutron shield located near the high-vacuum chamber (items 19 
and 20, Fig. 5.6^2). 

Other components will be designed to be remotely disconnected and removed through 
the airlock to a hot cell in the event they become contaminated or activated. Since 
the shielding drums, synchronized with the pellet firing rate, will minimize activation 
of injector components, it should be possible to enter the pellet injector bay without 
protective clothing after purging the tritium lines. In the event of a tritium release, 
it may be necessary for technicians to wear protective suits. The remote manipulator, 
equipped with dual replaceable endeffectors and a television camera, will be mounted 
at the end of an articulated arm attached to a bridge-mounted turret. This will allow 
manipulator access to all areas of the pellet injector bay and will minimize interference 
with crane operations. 
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5.6.2.8. Component reliability 

Reliability is a prime design consideration and is achieved through injector and sup
port component redundancy, hardware development including prototyping, and a vali
dated operational history of pellet injectors on TFTR, JT-60, Tore Supra, JET, and a 
number of smaller confinement devices. The reliability success of the JET injector [33] 
is the product of a repeating-pneumatic development program, an operational prototype 
on TFTR in 1985, a rigorous design-review and quality-assurance program, attention 
to detail, and a well-conceived computer-control system with interlocks. The reliability 
goal of each of the moderate velocity injectors is 95% and the more complex two-stage 
injector is 90%. This results in an overall system reliability over 97%. 

5.6.2.9. Safety and tritium containment 

Since all injectors will have tritium or deuterium-tritium mixtures in the gas fuel 
supply, it is proposed to provide three layers of containment throughout the pellet injec
tion system. The primary level of containment will be the pellet injector itself which will 
have tritium-compatible materials throughout. This includes feed lines to the hydrogenic 
extruders, the extruders, the pellet forming mechanism, the breech/barrel assembly, the 
pellet injection line, and the interface to the ARIES-I fusion power core. The second level 
of containment is the tritium isolation boundary defined by the pellet injection room in
side the reactor building and double-walled piping for all penetrations of this boundary. 
The third level of containment is the ARIES-I reactor building itself. 

The major decision point in the conceptual design process was how to implement the 
second or middle level of tritium containment. For small to moderate size components this 
has usually been done with commercial or custom-designed glove boxes. One advantage 
of this approach is that a leak in the first level of containment can normally be repaired 
using the gloves. It is also straightforward to leak check and decontaminate a glove box. 
However, for a large number of interconnected bulky components, glove boxes become 
less attractive. As can be seen from Fig. 5.6-2, this is the case for the ARIES-I pellet-
injection system. In some cases, the physical dimensions are large enough that a glove 
may not be able to reach the interior of the component for repairs. Large, custom-
designed glove boxes would be required for most of the components. It was, therefore, 
decided to implement a global room-type boundary. This requires an airlock sized for 
the largest component and a detritiation system sized for the room volume (the ARIES-I 
building detritiation system may be used for this purpose if suitable piping arrangements 
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are made). It also means that if there is a leak of the primary tritium boundary, access 
to the room will require "spacesuits." 

The major energy sources in the system are the stored energy in the high-pressure 
propellant gas and the kinetic energy of the piston and sabot in the two-stage pneumatic 
injector. The gas will be recycled but with a working inventory of about 3500 bar-liter, 
the stored energy of me hydrogen propellant gas approaches 1 MJ. The piston kinetic 
energy is in the 10 to 20 kJ range and the sabot has a kinetic energy in the range 4 
to 8 kJ. The components in the two-stage pneumatic injector and the gas storage and 
transfer manifold will be designed to contain these energies conservatively. 

A major design goal for the ARIES-I reactor is passive safety. One way to achieve this 
is to keep radioactive inventories low enough that their full release would not cause sig
nificant environmental or safety impact. This approach may be feasible for the ARIES-I 
reactor and, therefore, it is desirable to minimize the tritium inventory in the plasma 
fueling system. Tritium inventories for various system components are given below in 
Table 5.6-VI although there is some uncertainty in these estimates. The tritium in the 
propellant gas is based on a maximum of 1% tritium contamination of the propellant gas 
for the two-stage pneumatic injector. It is assumed that the injector can be run for at 
least one day before the tritium contamination in the hydrogen propellant gas reaches 

Table 5.6-VI. 
Tritium Inventories (g) in ARIES-I Pellet-Injection Sys t em 

Propellant gas in storage 10 

Vac mm injection line (gas) 1 

Vacuum pumps 10 

Piping 5 

Extruders (active and standby) 30 

Pellet waste in injector vacuum system 3 

TOTAL 59 



5.7. SUMMARY AND R&D DIRECTIONS 5-65 

this level. The tritium inventory in the piping and in the mechanical vacuum pumps is 
estimated at 15 g. This number depends on the actual pumps used and the surface area 
and arrangement of piping. The major contribution to the tritium inventory is the con
tinuous extruder system. It is assumed that the active extruder has a working inventory 
of about 15 g of tritium, which is enough for about 3 to 4 minutes of continuous pellet 
fueling. During this time the standby extruder is being repositioned and recharged with 
DT fuel. 

5.7. SUMMARY AND R&D DIRECTIONS 

The impurity-control/particle-exhaust system is probably the most challenging sub
system in a fusion device. The ARIES-I reactor utilizes poloidal divertoK in a double-null 
configuration. The divertois operate in the high-recycling mode (i.e., exhibiting a high 
density and low temperature at the divertor target). The high-recycling mode at reactor-
relevant parameters has not been demonstrated experimentally. The ARIES-I divertor 
performance is based on extrapolation of analytical and computational models that are 
calibrated to present-day experimental data. For modeling the ARIES-I edge plasma, 
two two-dimensional (2-D) edge-plasma computer codes, BRAAMS [1] and EPIC [2], 
were used. To ensure consistency with 0- and 1-D BALDUR core-plasma simulations, 
the edge-plasma analysis uses the particle and heat fluxes at the separatrix as inputs. 
The computational analyses indicate that the resultant plasma density at the separatrix 
would be high (~10 2 u m - 3 ) and a high-recycling divertor is formed with a peak heat flux 
of ~4.5 M W / m 2 and a rather low plasma temperature of 10 to 20 eV at the divertor 
target. Furthermore, assuming that the ratio of o-particle to electron density is similar to 
that of the core plasma, calculations show that effective ash exhaust would be achieved. 

First-wall erosion rates were determined assuming the carbon is sputtered from the 
silicon carbide (SiC). The average sputtering yield is taken to be 0.04. No credit is 
taken for redeposition since the sputtered material is swept towards the divertor. The 
sputtering contributions from deuterium, tritium, and alpha-particles are comparable 
and the total first-wall erosion is computed to be 0.3 mm/y. The divertor target plate is 
designed with a thin tungsten coating on the SiC-composite coolant tubes. The estimated 
tungsten erosion rate, dominated by a-particles, is 0.5 mm/y (assuming a conservative 
value of 0.15 for the ratio of net-to-gross erosion). 

Because large uncertainties exist in the models and assumptions used in edge-physic 
codes, experimental edge-physics data, especially from large tokamaks, are needed to 
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further refine these codes. Also needed is extensive theoretical and computational effort 
to improve the physics models and reduce the uncertainty. Examples of areas that re
quire improved physics understanding and modeling are the role of particle drifts and 
non-ambipolar flows in the edge plasma, neutral transport, and impurity radiation and 
transport. 

Innovative approaches to the impurity control system, such as gas and/or impurity 
injection in normal and gaseous (or slot) divertors, should also be pursued. Finally, ex
periments to demonstrate plasma power and particle control (both fueling and pumping) 
at steady state (or for a time scale longer than wall absorption or degassing) are crucial 
to a power reactor. 

Thermal response of the ARIES-I divertor plate to plasma disruption and the fluid 
dynamics of the melt layer have been analyzed numerically using 2-D codes. A simple 
model was used for vapor shielding, and only the surface tension and buoyancy forces were 
used in modeling the fluid dynamics of the melt layer. The divertor plate was modeled as 
a plate having a 2-mm-thick tungsten layer on top of a 0.5-mm SiC plate. The heat flux is 
incident on tungsten. The thermal quench time is 0.3 ms and the average and peak heat 
fluxes are, respectively, 8.8 and 44 GW/m 2 , With a vapor shield, the total evaporation is 
estimated at 48 |im. The designated 1 mm of the tungsten coating is, therefore, expected 
to withstand about 20 full-power disruptions before requiring divertor plate replacement 
or recoating. Without a vapor shield, the thermal erosion rate is about twice as high and, 
therefore, the divertor plate lifetime would be halved. Liquid motion under the influence 
of buoyancy and surface tension forces is confined in the junction area of the peak and 
average heat-flux regions and appears to be small. 

Because of the approximate nature of the analytical and numerical treatments, ex
perimental observation is essential for studying the response of plasma-facing materials 
to disruption. Several such experimental studies have been performed [50-52]. However, 
the amount of data and the extent of the parameter range are insufficient to verify the 
analytical/numerical results and/or to develop empirical correlations. An R&D program 
is required to resolve the following areas: (1) The physics parameters, such as thermal 
quench time, heat flux, peaking factor, etc. need to be determined with greater certainty. 
(2) The formation and dynamics of the vapor shield and its interaction with the incident 
plasma particles should be studied to provide an adequate vapor-shield model. (3) A 
detailed code should be developed for analyzing the thermo-fluid dynamic behavior of 
the melt layer with recoil and electromagnetic forces, in addition to the buoyancy and 
surface tension, and the stability of the melt layer. (4) A redeposition model for an 
ablated surface during a disruption should be produced. (5) An adequate experimental 
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data base should be developed to verify the theoretical and numerical predictions as well 
as to develop empirical correlations. 

ARIES-I will use an advanced, high-velocity pellet-injection system to achieve and 
maintain ignited plasmas. Three pellet injectors are provided. For ramp-up to ignition, 
a moderate velocity (1 to 1.5 km/s) single-stage pneumatic injector with high reliability 
and a high-velocity (4 to 5 km/s) two-stage pneumatic pellet injector using frozen hydro-
genic pellets encased in sabots will be used. For the steady-state burn phase, a continuous 
single-stage pneumatic injector is proposed, which will provide a flexible fueling source 
beyond the edge region to aid in decoupling the edge region (constrained by divertor 
requirements) from the high-temperature burning plasma. All three pellet injectors are 
qualified for operation with tritium feed gas. Issues such as performance, neutron acti
vation of injector components, maintenance, design of the pellet-injection vacuum line, 
gas loads to the reprocessing system, and equipment layout have been reviewed. 

Pellet speed and size are two issues that strongly impact the design of the pellet 
injection system. For the ARIES-I reactor, it was assumed that shallow fueling beyond 
the scrape-off layer is sufficient (burn-phase injection velocity of 1 km/s) . The current 
physics understanding and experimental data are not sufficient to analyze • -tide trans
port in the plasma core in order to arrive at the required pellet-penetratiun depth. If 
penetration to 1/3 of the plasma radius is required (as is the case assumed for ARIES-I 
transport analysis), then 5-km/s pellet speed will be needed and the moderate-velocity 
pellet injectors of ARIES-I should be replaced by the high velocity injectors. If even 
deeper pellet penetration (to 1/2 of the plasma radius) is required, then higher velocities 
(~20 km/s) will be needed and exotic technologies such as an e-beam rocket injector 
should be developed. Detailed transport studies should also be performed to determine 
the maximum plasma density perturbation per pellet allowed in a power reactor to ensure 
the fusion power changes remain below the engineering constraints. 
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6. TRITIUM SYSTEMS 

6.1. INTRODUCTION 

The design of the ARIES-I tritium system is focused on reducing the tritium inven
tory and simplifying the design. However, because of the material selection and system 
configuration, some new problems have been uncovered during this study and they are 
documented here. Further work, both theoretical and experimental, will be required to 
address these problems. Because of its small size, the cost of the tritium system will be 
of secondary importance. 

The largest tritium unit in a DT fusion reactor is the plasma-exhaust processing 
system. The throughput of the ARIES-I plasma exhaust is reasonably small because of 
the high tritium burn fraction (19.3%). A batch operation unit, such as the molecular 
sieve or cryogenic pump, usually has large tritium inventory. Therefore, we use a Pd 
diffuser for separating hydrogen isotopes from the waste, and we use a turbo-molecular 
pump for pumping the exhaust. Another unit that has large tritium inventory is the 
cryogenic distillation (CD) unit. In a conventional fuel-exhaust process, a CD unit is 
required to separate the D and T. In the ARIES-1 study, we use the CD only to separate 
the H from D and T while keeping the D:T ratio at 1. This will reduce the tritium 
throughput to the CD by a factor of 10. The tritium inventory in the CD unit will be 
reduced correspondingly. The number of CD columns will also be reduced, from 4 to 1. 

The tritium inventory and plasma-driven permeation in the first wall and in the 
impurity control system are always of concern in a fusion reactor design. This problem 
may even be more severe here because of the selection of the structural material, silicon 
carbide (SiC). In SiC, the tritium diffusivity is very low and the solubility is very high, 
especially at low temperatures [1]. The tritium inventory in the SiC due to the pressure-
driven permeation does not appear to be a serious problem because of the slow kinetics on 
the surface and the low diffusivity. However, the kinetic energy of the plasma particles will 
drive the tritium into the SiC where it will remain. To minimize the tritium inventory in 
the SiC, the material temperature is kept above 750 " C To reduce the tritium permeation 
to the divertor coolant, the divertor target is made with a tungsten coating on the SiC-
composite coolant tubes. 

Tritium inventory is also a concern in the breeding blanket. Because of the high blan
ket operating temperature and the good tritium release characteristics of Li2ZrO.-j, the 
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reference breeding material, the tritium inventory in the breeding material is calculated to 
be only 0.3 g. However, there is the potential of high tritium inventory in the beryllium. 
Because of the intimate mixing of the breeder and multiplier in the sphere-pac configura
tions and the proximity of the SiC to the breeder, the tritium will be deposited by recoil 
in the multiplier and the surrounding structure. This recoil-deposited tritium will diffuse 
back to the purge very slowly because of the low tritium diffusivity in those materials 
and the formation of the oxides on the surface. Since the tritium release mechanism from 
Be is not clear, only an estimate of tritium inventory is made at this time. 

6.2. DIVERTOR 

6.2.1. D ive r to r P l a s m a P a r a m e t e r s 

The high power density and plasma temperatures in a fusion power reactor must 
be reduced considerably in the divertor region to avoid sputtering where the plasma 
contacts a material target surface. Evidence shows that this can be accomplished with 
a divertor operating in the high recycling mode (i.e., exhibiting a high density and 
low temperature at the divertor target). The high recycling mode at reactor-relevant 
parameters has not been demonstrated experimentally. In this study, analytical and 
computational models, calibrated to present-day experimental data and extrapolated to 
predict reactor performance, are used. 

The ARIES-I design operates with high-recycling poloidal divertors in a douhle-null 
configuration. The BRAAMS [2) and EPIC [3] 2-D computational models, calibrated in 
the present-day experimental regime, are used to predict the performance of the impurity-
control and particle-exhaust system. Both codes predict that for a mid-plane separatrix 
electron density of ~ 1 0 2 0 m~ 3 (corresponding to a recycling coefficient of 0.98), the 
plasma temperature on the divertor target can be lowered to ~20 to 25 eV and the peak 
heat flux on the divertor target 1E ~4.5 MW/m 2 (for a target inclination of 10° at the 
separatrix). The low net particle efflux required, as described above for global particle 
balance, is consistent with a relatively modest pumping rate. An estimate shows that an 
effective pumping speed of 100 m 3 / s is required for neutrals with an average energy of 
1 eV in the pumping ducts. 

First-wall erosion rates were determined by assuming that the carbon is sputtered 
from the SiC and the average sputtering yield is taken to be 0.04. No credit is taken for 
redeposition since the sputtered material is swept towards the divertor. The sputtering 
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contributions from D, T, and 'He are comparable and the total first-wall erosion is 
computed to be 0.3 mm/y. The resulting carbon impurity concentration in the plasma 
is found to be almost half of the DT plasma density at the first wall (~ 3.0 x 10 1 8 m~ : '), 
while the overall carbon concentration is less than 1% of the core plasma density. 

The divertor target plate is designed with a thin tungsten (W) coating on the SiC-
composite coolant tubes. Erosion of the W coating was determined for a range of likely 
flux conditions predicted by the computational codes. The nominal steady-state plasma 
solution resulted in an erosion rate of 2 mm/y. This is due entirely to the alpha par
ticles, and a conservative value of 0.15 is used for the ratio of net to gross erosion. A 
comparable contribution to erosion could result from transient power fluxes to the tar
get that are consistent with experimental observations of present-day divertor operation. 
The resulting W concentration in the plasma was calculated and found to be negligible. 
Implantation and permeation of tritium in the W target is found to be small and to result 
in a negligible tritium inventory in the target. 

The computational study indicates that the desired low-temperature divertor plasma 
can be achieved with some caveats in the computational modeling and assumption. Ero
sion of the SiC first wall and the W divertor target are at acceptable levels for these 
solutions. It is assumed that these solutions are valid steady-state solutions, although 
the uncertainty in achieving these solutions remains. There are two key R&D directions: 
(1) improve the computational model and reduce the uncertainty in the solution, and 
(2) pursue active techniques for controlling the edge-plasma region to ensure that the 
high-recycle, low-temperature solution is attained. 

The divertor parameters that are used in the tritium calculations are summarized in 
Table 6.2-1. 

8.2.2. P l a s m a - D r i v e n P e r m e a t i o n 

The plasma-driven permeation of tritium was a concern during the ARIES-I study. 
Because of the high Bolubility and low diffusivity of tritium in SiC [1], the tritium in
ventory was calculated (by using the DIFFUSE code [4]) to be few kilograms at the end 
of life of the first wall. With a decrease in temperature, the tritium solubility increases 
while the diffusivity decreases. Therefore, the tritium inventory problem will be even 
more severe with a lower first-wall temperature. 

The DIFFUSE code treats the structure with a stationary boundary. The first wall 
of a fusion reactor, however, recedes because of the erosion and sputtering. If the erosion 
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Table 6.2-1. 
ARIES-I Divertor Parameters 

DTfiux ( m - 2 s ' ' ) 3 x 10 1 9 

Divertor area (m 2 ) 124 

DT energy (eV) 23.8 

W thickness (mm) 2.0 

SiC thickness (mm) 0.5 

W temperature (DC) 985 

W/SiC interface temperature ("C) 800 

SiC/coolant interface temperature (°C) 670 

velocity is similar to or faster than the diffusion velocity, then the DIFFUSE code does 
not apply. For such a case, the implanted tritium will be released back to the plaBma 
because of wall erosion before it has time to diffuse toward the coolant {i.e., because of 
the sputtering and not the back-diffusion process). Thus, the tritium inventory will be 
much less than the case with diffusion as the only mechanism. 

The erosion rate of the first wall is calculated in Sec. 5.2 using the following assump
tions. The DT flux to the first wall is calculated to be 3 x 10 1 9 m " 2 s ~ l , with an average 
ion energy of 25 eV. The ion energy will increase to 80 eV when it strikes the first wall. 
The He particle flux is 4.3 x 10 1 8 m ~ 2 s - ' , with an energy of 140 eV when it strikes the 
wall. The first-wall erosion yield is computed, including the effects of the energy distri
bution of the particles, by the IONSPUT code. The first-wall erosion is assumed to be 
limited by the erosion of carbon from the SiC matrix, with an effective specific gravity 
of C inside SiC of 1.5. No redeposition is assumed because the sputtered material, once 
ionized, will be swept along the field lines to the divertor target. The results of the 
erosion rate calculations are shown in Table 6.2-II. 

The particle implantation depth is calculated using the ion transport code, TRI
POS [5j. The results indicate that the mean particle-penetration depth is 1.1 nm. The 
lifetime of this penetration layer is, therefore, only 100 seconds. The first-wall sur-
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Table 6.2-II. 
First-Wall Erosion Rates ( m m / y ) 

Due to T 0.15 

Due to D 0.10 

Due to 4 He 0.07 

Total 0.32 

face area of ARIES-I is about 700 m 2 . The tritium flux impinged on the first wall is 
1.5 x 10 1 9 m _ 2 s - 1 . Therefore, the maximum total tritium inventory in the first wall is 
only 6 g. 

This is the first time that the effect of sputtering is included in the plasma-driven 
permeation calculations. Since the back transport of the tritium is enhanced by the 
sputtering process, the tritium inventory in the first wall is much reduced, from a few 
kg to 6 g. The same methodology can be used to calculate the tritium inventory in the 
divertor. 

Tritium permeation through the divertor plate structure to the divertor coolant is 
usually of serious concern. For the ARIES-I design, SiC structural material with a W 
coating is used for the divertor. The primary purpose of the W coating is to reduce the 
sputtering. Of additional benefit is the reduction in the forward tritium permeation, as 
well as reducing the tritium inventory. Because the diffusivity of tritium in W is much 
larger than in SiC, the tritium preferentially diffuses backward to the plasma chamber 
rather than forward across the SiC tube to the coolant. Based on the DIFFUSE code 
calculations, the forward tritium diffusion to the coolant is essentially zero. The tritium 
inventory in the structure, mainly inside the W coating, is about 10 g. 
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6.3. BLANKET 

6.3.1. B lanke t P a r a m e t e r s 

The reference ARIES-I blanket design uses SiC composite as the structural material, 
10-MPa helium as the coolant, Li 2Zr03 as the solid tritium breeder, and beryllium-metal 
sphere-pac pellets as the neutron multiplier. The blanket is segmented toroidally into 32 
inboard and 32 outboard poloidal modules. Each poloidal module comprises 17 nested, 
U-shaped, SiC-composite shells, as discussed in Sec. 8. The sphere-pac solid-breeder and 
Be neutron-multiplier mixture is located between the shells. Cylindrical helium-coolant 
channels with 1-mm-thick walls are embedded in each of the 17 SiC-composite shells. 
The helium coolant enters and exits the blanket at, respectively, 350 and 650 C C. The 
coolant enters the blanket from the inlet plena which are located in the shield behind 
the blanket and reflector. It then flows radially inward through the shells. It cools the 
shells while flowing in the toroidal direction before it turns and flows radially back into the 
coolant outlet plena. This routing configuration was selected to provide adequate cooling 
of the blanket materials and to minimize the blanket pressure drop. For the extraction 
of bred tritium, we use a separate helium-purge stream at 0.4 MPa flowing throughout 
the breeder sphere-pac material. To form the purge-flow stream, 1-mm-thick porous 
SiC-fiber sheets are brazed on each side of the tube-bank-geometry coolant-channel shell. 
The triangular-shaped channel that is formed between adjacent cylindrical coolant tubes 
and the porous sheet becomes the purge flow channel. This allows the shortest flow path 
(i.e., half of the individual breeder-zone thickness) for the bred tritium to migrate before 
it reaches a purge flow channel. The Li breeder and Be multiplier sphere-pac is composed 
of 1- and 0.1-mm pellets. If these sizes lead to excessive purge-flow pressure drop, a larger 
size combination of 1.5- and 0.2-mm-diameter pellets will be acceptable. Radially, the 
blanket comprises a 1.05-cm-thick first wall, 20-cm-thick tritium breeding zone, 10-cm-
thick beryllium reflector, 38-cm-thick SiC reflector, and 30-cm-thick SiC reflector and 
plena. Details of different blanket-zone dimensions and material compositions are give in 
Sees. 8.4 and 8.5. The summary of the outboard blanket parameters given in Table 6.3-1 
should also be representative of the inboard blanket modules. 

6.3.2. Blanket Tritium Inventory 

A tritium tranFport model for calculating the blanket tritium inventory in the ceramic 
breeding material has been developed at ANL within the solid-breeder base program [6j. 
This model accounts for the effects of diffusion, desorption, adsorption, and solubility. 
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Table 6.3-1. 
ARJES-I Blanket Design Parameters 

Coolant, helium at 10 MP* 
Inlet temperature (°C) 350 
Outlet temperature (°C) 650 

Radial zone thickness (cm) 
First wall 1.05 
Breeder/multiplier 20.0 
Beryllium reflector 10.0 
SiC reflector 38.0 
SiC reflector and plena 30.0 

First wall: SiC composite 
Coolant channel inside diameter (cm) 0.8 
Coolant wall thickness (mm) 1.0 
Thermal conductivity (W/K-m) 10. 
Temperature at top and bottom of the blanket module (°C) 

Minimum/maximum 553/878 
Temperature at mid-plane of the blanket module (°C) 

Minimum/maximum 636/977 
Breeder zone: sphere-pac 80:20 vol % mixture of Be and Li, 
respectively. Two pellet sizes, 1 mm and 0.1 mm in diameter.(") 

Characteristic thickness (cm) 1.1 - 1.2 
Effective thermal conductivity (W/K-m) 4.6 
Temperature at top and bottom of the blanket module (°C) 

Minimum/maximum 442/878 
Temperature at mid-plane of the blanket module ( C C) 

Minimum/maximum 471/873 
Be reflector zone! sphere-pact") 

Characteristic thickness (cm) 4.1 
Effective thermal conductivity (W/K-m) 7.3 
Temperature at top and bottom of blanket module (°C) 

Mirdmum/maxirraim 419/786 
Temperature at mid-plane of the blanket module (°C) 

Minimum/maximum 446/843 
SiC reflector zone: sphere-pac(a> 

Minimum characteristic thickness (cm) 8.6 
Effective thermal conductivity (W/K-m) 7.2 
Temperature at top and bottom of the blanket module (°C) 

Mirumum/maximum 429/903 
Temperature at mid-plane of the blanket module (°C) 

Minimum/maximum 461/1020 

(")SiC structure with cooling channel inside diameter of 0.5 cm. 
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The input parameters to the model include the dimensions of the breeding zone, neutron 
wall loading, tritium production rate, volume fraction of the breeder and multipliers, 
temperature distribution, and purge gas conditions. These input parameters are given in 
previous sections and are consistent with the blanket configuration and thermal-hydraulic 
design. 

The desorption rate constant of tritium from LijZrOj has not been measured. The 
"TER activity, however, recommended using the L12O desorption-rate constant [7]. The 
diffusivity of tritium in L^ZrOs has been reported [8]. All other rate constants have 
been taken from the ITER activity [7j. The grain size of the material is not a material 
property, but rather it is a requirement for material fabrication. A grain size of 10 
microns is assumed. With the input parameters established by the blanket design and 
the material properties obtained by the experiments, the tritium inventory is calculated 
based on a unit first-wall area (cm'), The tritium inventory is calculated at each of the 
three separate blanket zones and the total tritium inventory is the sum over the three 
zones. 

The tritium inventory in the breeding material is calculated to be 8 x 1 0 - 9 mole/cm 2 

of first-wall area, as shown on Fig. 6.3-1. This corresponds to a total blanket-tritium 
inventory in the breeding material of only 0.3 g. Th'- small inventory is caused by the 
good tritium-release characteristics, as well as the temperature range (442-878 °C) of 
the selected breeding material. Another factor is the relatively small mass fraction of 
the breeding material in the blanket. This s m u +ritium inventory number is consistent 
with the U.S. ITER calculation [7], which gave a breeding material tritium inventory of 
0.11 g (more recent ITER calculations show a higher tritium inventory). The steady-state 
tritium inventory is reached quickly (~3000 s), as shown in Fig. 6.3-1, and h consistent 
with the low blanket-tritium inventory. 

The calculation sumr ?d above is for tritium inventory in the breeding material 
only. The ARIES-I reactor has a very large Be mass fraction in the blanket, and the 
breeder and multiplier are intimately mixed in a sphere-pac configuration. For such a 
system, the following activities occur: 

1. The Be is oxidized by the moisture in the purge gas and also in the breeding 
material. In this way, Be is very similar to A£ which is also easily oxidized. BeO 
will form a tight and stable layer that will prevent further oxidation. BeO wi]' 
also prevent any tritium in the Be from being released to the purge gas if the 
temperature is below 610°C. Recent experimental results show that rapid tritium 
release may occur if the temperature exceeds 610 °C. 
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Figure 6.3-1. Tritium inventory in ARIES-I breeding material. 

2. Approximately 1% of the tritium generated in the blanket is produced in the Be and 
amounts to ~ 3 g pe<" full power day (FPD) Therefore, the total tritium production 
due io the Be(n.T) reaction is ~1,1 kg per full power year (FPY). 

3. The tritium produced in the breeding material has a recoil energy of 2.5 MeV, 
Therefore, the tritium generated on the outside edge of the breeding material will 
be released by this recoil energy. Since 80% of the blanket volume is occupied by 
the Be, we may assume that the breeding material is surrounded by the Be. The 
tritium will thus be deposited inside the Be spheres. The penetration depth of 
the 2,5-MeV tritium atom in I^ZrOa is estimated to be 10 microns. The LizZrOa 
sphere diameter is 1 mm. Therefore, 6% of the breeder volume is within the ID-
micron range, or 6% of the tritium bred in this volume can be released by the recoil 
energy. Assuming 3% has sufficient energy left for deposition, and half of that will 
be released outward toward the Be, 4 g/FPD of tritium will be deposited inside the 
Be. This calculation is very rough and should be considered as only an indication 
of the magnitude of the problem. Therefore, the total tritium deposited into the 
Be is estimated to be 1.4 kg/FPY. 
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The tritium release mechanism from *He Be is highly uncertain. There has been only 
one measurement made of hydrogen diffusivity in Be, and that result is questionable [9]. 
The difficulty is to separate the effect of the bulk diffusion inside the Be from the surface 
effect caused by the oxide. Transport and retention in Be has been highlighted as an 
ITER R&D issue. Experimental work (Hollenberg and Baldwin, PNL; and Longhurst, 
INEL) is underway. 

Figure 6.3-2 summarizes data for tritium release from Be from three different mea
surements [9— l l j - The new data by Baldwin show very little tritium release (0.01%-4%) 
from the irradiated Be in the temperature range of 300-510 °C. At 610 °C, however, there 
is a sudden burst of tritium released. For ARIES-I calculations, we are assuming that 
there is no tritium released below 610°C and a complete release of tritium above 610°C. 
Since the existing experimental results show contradicting release characteristics, this 
assumption needs to be verified by the future experiments. It should be noted that this 
assumption is different from that predicted by the ITER modeling, which is also included 
on Fig. 6.3-2. 

Since we are using the results from Baldwin, it is important to summarize the ex
perimental conditions. The samples of the experiment come froii hot-pressed Be ma
terial (~100% dense, ~ 2 % BeO content) that w ^ irradiated to ~ 5 x 10 2 2 n /cm 2 fast 
ftuence (~2500 appm tritium and ~30,000 appm He) at low temperature (>75°C) in 
ATR. Therefore, both the tritium content and He content are much higher than that of 
ARIES-I, The h%tl He content may be a very important factor in the tritium release. At 
room temperature, this high He content exists in the <brm of individual atoms &.R.A small 
bubbles. However, at elevated temperature (e.g., 610 D C), the He will migrate to grain 
boundaries, coalesce to form large bubbles, and form interconnected pathways to enhance 
tritium release. Therefore, this tritium release depends on the high helium content in the 
Be and this observed tritium release with the high helium content of the ATR samples 
may not occur for Be with less He content (as is the case for Be in the ARIES-I blanket). 

With the assumption that the tritium will be released from the Pe with T > 610 °C, 
it is possible to estimate the tritium inventory inside the Be. The volume fraction of Be 
with temperatures below 610 °C is calculated to be 25%. The tritium produced in the Be 
is 1.15 kg/FPY, while the tritium deposited inside the Be is 1.4 kg/FPY. Therefore, the 
totai amount of tritium retained inside the Be is 0.64 kg/FPY. If the blanket is heated 
above 610"C once a year while the plasma is down (or in partial power), the maximum 
tritium inventory in the Be is then 0.64 kg. 
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Figure 6.3-2. Fraction of "trapped" hydrogen isotope in Be as a function of annealing 
temperature for 25- to 100-h anneals of unirradiated Be soaked with tritium (9] and 
10-min anneals of deuterium-ion-implanted Be. 
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6.4. PLASMA EXHAUST SYSTEM 

The largest *ritium unit in a DT fusion reactor is the plasma-exhaust processing 
system. A conventional plasma-exhaust system uses a cryogenic pump to pump the 
D, T, H, 'He, and impurities from the div<;rtor channel. First, the hydrogen isotopes 
are separated from the exhaust. Next, the isotopes of hydrogen are separated from 
each other by the cryogenic distillation (CD) process. The processing system involves a 
number rf units that may have a large tritium inventory (e.g., CD pumps and columns). 
In addition, the throughput of the tritium in the exhaust is usually large, often many 
times larger than the burn rate in the plasma. The ARIES-I design aims at reducing the 
tritium inventory in this system by; (1) increasing the plasma burn fraction to reduce 
the tritium throughput in the exhaust and (2) eliminating or modifying the units that 
have large tritium inventories. 

The plasma burn fraction for ARIES-I is calculated to be 19.3% (Sec. 3), which is 
a factor of 7 higher than that of ITER. Even at this high burn fraction, however, the 
tritium throughput in the plasma exhaust is still over four times larger than the next 
largest tritium unit (i.e., the blanket recovery system). Therefore, it is important to 
reduce the tritium inventory and the complexity of the plasma exhaust system. There 
are three components in this system that usually have large tritium inventories: 

1. The cryogenic pumps, which operate in a pulse mode between the regenerating 
time (tritium inventory is proportional to the pulse time); 

2. A gettering bed for tritium separation, which is often used to separate hydrogen 
isotopes from the waste (also operates in a pulse mode); and 

3. The CD unit, which is used to separate H, D, and T (can be large because of the 
large throughput and the high separation factor sometimes required). 

The complexity of the plasma exhaust system is primarily due to the multiple CD units 
and the equalizers required for the separation of H, D, and T. 

A key concept developed in the ARIES-I study is that of using the CD process to 
separate only the H from D and T, while keeping the D:T ratio at 1. The fueling to the 
plasma is by DT pellet injection and because the D:T ratio in the exhaust is also 1, there 
is no need for separating D and T. The H is generated by the DD reaction in the plasma. 
Since the DD reaction cross section is a factor of 100 smaller than that of the DT reaction, 
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the H production rate is also a factor of 100 smaller than that of the 4 He production rate. 
In order to minimize the throughput to the CD unit, the H concentration in the plasma 
is allowed to accumulate to ~ 1 % . Even at this level of H concentration, the plasma 
impurity concentration is still dominated by He, which is 10.7%. For such a system, only 
10% of the plasma exhaust is required to pass through the CD unit to remove H. Since 
no additional separation of D&T is required, one CD column is sufficient, compared with 
three or four CD columns for a conventional fuel-processing system. 

Because of the steady-state operation, a Pd diffuser is used to separate the hydrogen 
isotopes from the ''He and other wastes (hydrogen will diffuse through the Pd diffuser, 
while the other gases will bypass it). The performance of a Pd diffuser in fuel cleanup 
has been demonstrated [11]. Waste processing is conventional (i.e., using an oxidizer to 
convert all of the T in the waste to the HTO form, using a molecular sieve to separate 
HTO from other gases, and using a reduction unit to reduce the HTO to HT which will 
then recombine with the hydrogen stream from the Pd diffuser). 

The cryogenic vacuum pump is another component that usually has a large tritium 
inventory. This is caused by the pump's pulsed mode of operation. To reduce the T 
inventory in the pumps, the ARIES-I design uses turbo-molecular pumps. Although a 
metallic turbo-molecular pump has to be shielded from the magnetic field, a ceramic 
pump, which doesn't require shielding, is being developed in Japan. At this time, the 
size of the pump is limited [12]. 

The flow diagram of the ARIES-I plasma-exhaust processing system is shown in 
Fig. 6.4-1 and the major parameters are listed on Table 6.4-1. The tritium inventory 
in the CD unit is shown and compared to that for ITER in Table 6.4-iI. By careful selec
tion of the equipment and/or processes to be used in the plasma-exhaust fuel-processing 
system, the tritium inventory in the system is minimized. 

6.5. SUMMARY 

The key issues for a tritium system are the tritium inventory f.nd the tritium release. 
For the ARIES-I design, the structural material is SiC, through which the tritium per
meation rate is very low. Therefore, tritium release, if any, will be by leakage and not 
by permeation. Tritium leakage is caused mainly by cracks that develop in the coolant 
tubes. Because the coolant pressure (10 MPa) is much larger than the purge-gas pressure 
(0.4 MPa), any leakage will be toward the purge. Therefore, it can be assumed that the 
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Table 6.4-1. 
ARIES-I Fuel-Cycle Parameters 

Fusion power (MW) 1,925 

Tritium burn rate (g/d) 295 

Tritium bum fraction 0.193 

Tritium feed rate (g/d) 1,528 

Tritium exhaust rate (g/d) 1,233 

D exhaust rate (g/d) 822 

He exhaust rate (g/d) 393 

H generation rate (g/d) 1 

H/(D + T) 1% 

He/(D + T) 12% 

Table 6.4-IL 
Cryogenic-Distillation Capacity Comparison 

ARIES-I ARIES-I 
ITER (Conventional) (Only separation of H) 

Throughput (mole T/d) 2,500 411 41 
Number of columns 4 4 1 
Tritium inventory (g) 800 150 50 
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tritium leakage to the primary coolant and to the steam generator will be extremely 
small. 

The tritium inventories of the ARIES-I major components have been calculated and 
summarized in Table 6.5-1. Minimizing the inventory is a key effort and the important 
assumptions used for this activity are also included on this table. The total tritium 
inventory in the reactor is 700 g, 90% of which is in the beryllium. 

The most uncertain tritium inventory is in the beryllium. Tritium production in Be 
of 1.15 kg/FPY is probably within 50% accuracy. The recoil-deposited tritium inventory 
of 1.4 kg/FPY is possibly accurate to within a factor of 2 or 3. The most uncertain 
are the tritium release characteristics. The data used here are based on some recent 
experimental results, with a helium content in Be of 30,000 appm. If this data proves not 
to be relevant to ARIES-I conditions, the tritium inventory in the Be can be as high as 
5 to 10 kg/FPY. Experimental work in this area is in progress and more definite answers 
should be available in about one year. 

Table 6.5-1. 
Est imates of Tritium Inventory in the ARIES-I Design 

Components T Inventory Comments 

Fuel cycle 
Vacuum pumping Small Using ceramic turbo-molecular pump 
Helium separation Small Using Pd diffuser 
Cryogenic distillation 50 g Using CD unit to remove H only 

First wall o g Sputtering removes C and T 
Divertor wall 10 g Using W coating on SiC 
Blanket 

Breeder material 1 g Selection of breeding material 
and operating temperature 

Beryllium 640 g 1. Complete tritium release >610°C 
2. Blanket heat to 610°C once a year. 
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7. M A G N E T E N G I N E E R I N G 

7.1. INTRODUCTION 

The ARIES-I design is a conceptual commercial reactor based on modest extrapo
lation from the present tokamak physics data base. The ARIES-I reactor operates at 
a relatively high plasma aspect ratio {A = 4.5) and low plasma current (~11 MA) in 
order to maximize the bootstrap-current fraction and minimize the amount of plasma 
current that should be driven by external means. Operation at high aspect ratio and 
low plasma current in the first magnetohydrodynamic (MHD) stability regime leads to 
a low value of toroidal beta, which should be compensated for by a high toroidal field. 
Because the performance of the ARIES-I design is sensitive to the toroidal-field strength, 
a research effort was undertaken to study the feasibility of high-field toroidal-field (TF) 
coils utilizing advanced superconductors. 

Previous designs have incorporated the use of high fields [1-3]. In this study, the max
imum field at the coil of the tokamak is further increased in order to investigate the latest 
laboratoiy achievements. Because of the high field and large Lorentz loads, innovative use 
of high strength materials and support structures is required. The candidate advanced 
materials for magnets (for the conductor and for the structure) have been limited to those 
already attained in laboratory tests, although extrapolation to the conductor sizes and 
lengths required for use in a tokamak power reactor may be needed. Incorporating these 
concepts and improved materials into toroidal- and poloidal-field (PF) magnets suitable 
for a commercial tokamak reactor is a difficult challenge. Superconducting materials 
(both multifilamentary and tape) are discussed in Sec. 7.2. Structural materials such as 
isotropic steels (316 SS and Incoloy 908) and composite materials are considered and are 
also discussed in Sec. 7.2. 

This research effort resulted in a design for a 24-T (peak field) TF coil using Nb : (( A^,Ge) 
superconductor. Further analysis, however, showed that because Nb 3(Af,Ge) is presently 
only available in the form of tape conductors, losses in the TF coils during the disruption 
may cause the TF coils to quench. As a result, the reference ARIES-I design uses mul
tifilamentary Nb aSn superconductor and achieves a peak field of 21 T at the coil. The 
stability of high-field superconductors, particularly thick-tape conductors, is discussed in 
Sec. 7.3. Details of advanced structural designs (i.e., using strong load-carrying stabi
lizers, grading the conductor, and carefully matching the strains between the different 
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magnet components) are described in Sec. 7.4. Also discussed are the detailed designs of 
the reference ARIES-I TF coils, including the finite-element structural analysis, and the 
24-T coil utilizing Nb 3(A/,Ge) superconductors. 

The engineering details of the poloidal-field system for ARJES-I are described in 
Sec. 7.5. The calculations of the pulse losses in bot!i the TF and P F coils, for both the 
normal scenario (start-up, burn, and shutdown) and disruptions, are shown in Sec. 7.6. 
The cost assumptions of the toroidr.'- and poloidal-field systems are described in Sec. 7.7. 
Section 7.8 summarizes the results of this ARIES-I magnet-engineering study, including 
research areas critical to the successful development of high-field magnets for fusion 
applications, and presents a tentative development plan. 

7.2. MATERIALS OPTIONS 

7.2.1. Superconductors 

The curves in Fig. 7.2-1 represent the boundary between the superconducting and 
normal regionB for zero current density. For a superconducting material to generate a 

Ttmptrolurt (K«fvin) 
Figure 7.2-1. The upper critical field, Hci{T), for various low-temperature supercon
ducting materials. 
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magnetic field, the material must have a critical current density, JC(B,T), of at least 
10 e A / m 2 in the magnetic field. Thus, the operational limits of the materials are below 
the curves in Fig. 7.2-1. Most superconducting magnets are operated around the boiling 
point (4.2 K) of liquid helium, therefore the curve of interest for assessing the development 
of a superconducting material is JC(B). 

The upper critical magnetic field, Hc2, as a function of temperature for various low-
temperature superconducting materials is shown in Pig, 7.2-1 [4]. Of these materials, 
only NbTi and Nb 3Sn are available commercially today. Other materials have much 
higher Hc2(T) and thus may be more attractive for high-field coils in the long term. The 
moBt promising of these materials are Nb 3A£ and Nb 3(A£,Ge). 

NbTi (multifilament). The most common and best understood superconducting ma
terial is NbTi. It is easy to produce in multifilamentary cables, and its ductility simplifies 
magnet fabrication. It has a critical temperature, T c , of 10 K, and an upper critical field 
of 14 T. At 4.2 K, it has an operational limit of about 8 T. Although this is not sufficient 
for the peak field in a high-field toroidal-field (TF) coil, NbTi can be used in the low-field 
region if the conductor is graded. 

N b 3 S n (multifi lament). Other than NbTi, the only commercially available supercon
ductors are Nb 3Sn and its ternary compounds, primarily Nh 3Sn(Ti) and Nb 3Sn(Ta). Nu
merous techniques exist for producing binary and ternary Nb 3Sn, In general, each tech
nique attempts to provide good mixing between the Nb and the Sn and high-temperature 
(~700°C) heat treatment for growth of the superconducting phase. Critical properties 
Hc2, T c , and Jc{B) (critical current density) vary with ternary additions and process
ing. The most widely used method for producing Nb 3Sn is the bronze process, which 
combines Nb and bronze in a gei-aietry that provides a large contact surface area. The 
composite is then heat treated (~700°C for ~72 h), causing the Sn to diffuse out of the 
bronze and react with the Nb. At the end of the heat treatment cycle, Nb 3Sn surrounded 
by impure Cu remains. The best high-field Nb 3Sn-based superconductor, however, has 
been produced by powder metallurgy processing. In this process, Nb or Nb-1.2 wt % Ti 
powder is poured into a Cu can containing a central Cu rod. The can is swaged and 
extruded, and a hole is drilled in the Cu rod. Rods of Sn or Sn-3 wt % Ti are inserted 
into the drilled hole. The wire is drawn further and heat treated. The critical current 
density of such powder-metallurgy-produced Nb 3 Sn is shown in Pig. 7.2-2 [5], 
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(4 ' IS 16 17 (8 
B0(T) 

Figure 7.2-2. The critical current density, JC(B), of powder-metallurgy-produced 
Nb 3Sn at 4.2 K [5], 

N b 3 A i and Nb 3 (A£ ,Ge) ( tape) . A family of superconducting intermetallic com
pounds known as A15, of which Nb 3 Sn io a member, are distinguished by their crystal 
structure and relatively high critical properties, H^i and T c . The most promising of these 
compounds, Nb 3A^ and Nb 3(A£,Ge), have critical properties that are significantly bet
ter than those of Nb 3Sn (Fig. 7.2-1), Unfortunately, there is no method similar to the 
bronze or powder metallurgy process for these superconductors and their development 
has not yet reached the commercial level. Recent progress, however, has led to high cur
rent density at high field in small samples. There is no developed method for obtaining 
high current density (10 s A / m 2 ) at high field ( £ 18 T) in the multifilamentary forms 
of Nb 3A£ and Nb 3(A£,Ge). The best properties have been obtained in superconducting 
tapes formed by a technique that uses electron and laser-beam heating followed by rapid 
cooling. The superconductor is formed by passing solid reactants under a high-power 
beam to heat them, causing the formation of the desired phase. The material then cools 
rapidly via conduction to a copper substrate and produces the superconductor directly on 
a copper substrate [6, 7]. This process has produced Nb 3A£ and Nb3(A-£,Ge) conductors 
with Jc (4.2 K) > 10 8 A / m 2 in magnetic fields up to 31 T, as shown in Fig. 7.2-3(A) [8J. 
Although this current density has only been obtained in small samples and no coils have 
been wound with this material, there is no inherent reason that this process cannot be 
extrapolated to long lengths of larger conductors. 

http://AL4C.NET
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V 3 G a (multifilament). If superconducting tapes are not sufficiently stable for use in 
a tokamak and if Nb;jSn is not sufficiently stable at very high fields, then the alternative 
superconductor is V : lGa. As seen in Fig. 7.2-3(B), Jr(B,i.2 K) for V.,Ga is superior to 
that for Nb 3Sn. V : lGa has been used to produce a high-field solenoid and an increase in 
its use is expected [9, 10], 

Strain degradation. For A15 superconducting materials, Je depends on the mechan
ical state of the superconductor. As seen in Fig, 7.2-4(A), Nb 3Sn superconductors are 
very sensitive to mechanical strain, particularly at high field. The strain sensitivities of 
Nb.;A£ and V ; iGa are shown in Fig. 7,2-4(B). In general, the strain-induced degradation 
is related to the reduced magnetic field, Br = B/BC2. Because the developmental A15 
materials have higher critical field than Nb ;iSn, larger strains can be tolerated at equal 
magnetic fields. Furthermore, for equal values of Br, the developmental A15 materials 
tend to be more strain tolerant than Nb 3Sn, resulting in significantly better Jc(e) per
formance. For Nb3A-£, this is a result of the relatively small size of Ai as compared to 
Sn, which provides more flexibility to the crystal lattice and, thus, a greater ability to 
withstand deformation. Although resistance to degradation is improved, it may not be 
sufficient and the effect of mechanical strain on Jc remains a design constraint. 

7.2.2. Structural Materials (In-Plane Loads) 

Any high-field magnet system experiences very large forces resulting from the Lorentz 
interaction between the current and the magnetic field. In the T F coil, the structural 
considerations are particularly important because of the complicated magnetic geometry 
(toroidal and poloidal fields). In a superconducting TF coil, the loads can be supported 
by two forms of structure: distributed and bulk. Distributed structure can be either 
a conduit surrounding the conductor and wound with it, or grooved plates into which 
the conductor is wound. The stabilizer, present in the conductor for electromagnetic 
purposes, may also behave as distributed structure. The bulk structure is in the form of 
a case that defines the outline of the coil. External to the TF coil, a bucking cylinder 
is required to support the radial loads and a shell-type structure to support the out-of-
plane loads. The most important properties for a structural material are strength and 
modulus. For high magnetic-field applications, an allowable equivalent-tensile strength 
of about 1200 MPa is sought, with Young's modulus of at least 200 GPa. The ther
mal expansion from processing temperature to operating temperature is also important 
because it determines the initial mechanical state of the coil. 
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The breadth of options for structural materials is illustrated in Fig. 7.2-5. This figure 
presents structural materials options as functions of availability and experience. The 
materials car* be separated into two categories: isotropic metals and anisotropic fiber 
composites. Isotropic metals include commercially available steels, superalloys, and tita
nium alloys. Fibers include polymers (Kevlar), boron, silicon carbide, and carbon. To use 
a fiber in a component, it must be combined with a matrix material to form a composite. 
Fibrous composites are inherently anisotropic and require unique design considerations. 
Materials options have been explored in terms of properties, applicability to a cryogenic 
system, and level of development. Stabilizer material candidates are discussed separately 
because they have the additional requirement of high electrical and thermal conductivity. 

7 .2 .2 .1 . Stabi l izer ma te r i a l s 

The role of the stabilizer in a superconducting magnet is to provide flux jump stability 
and quench protection (discussed in detail in Sec. 7.3). The stabilizer must have very high 
thermal and electrical conductivity. Furthermore, it must be possible to fabricate the 
conductor so that the stabilizer and superconductor are in intimate contact. Stabilizer 
options are listed in Table 7,2-1. The rule of mixtures has been used to estimate the 
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Table 7.2-1. 
P r o p e r t i e s of Advanced Stabi l izer Mate r i a l s 

Material Tensile Strength (MPa) Tensile Modulus (GPa) Resistivity*"' (nfJ-m) 

Cu 400 
At. 200 
Ai-SiC 1750*11' 
Ti-SiC 1951(6» 

CuNb 2230*!,> 
CuNb 2850 t d l 

120 

70 
217W 

213*6' 

142(*) 
197(d) 

1.3 

1.3 

2<0 
8 M 

1.8 
1.8 

*">At 4 K and 24 T. 

(b ) Properties at 293 K. 

(ORule of mixtures is used. 

*d> Properties at 77 K. 

resistivity of the composites. It is not clear that the mechanical properties of At-SiC 
in Table 7,2-1 were obtained with high purity A£, so either the A£-SiC strength may be 
decreased or the resistivity increased. The feasibility of combining high strength stabilizer 
with the superconductor is an important consideration. Obtaining high strength CuNb 
requires told working, so A£-S)C may be better suited for applications using cabled 
superconductors (NbTi, Nb 3Sn), particularly if extended heat treatment is required. 
Either material may be compatible with NbjAf and Nb3(A£,Ge) tapes. 

7.2.2.2. I so t ropic me ta l s 

High-strength isotropic metals have been considered for the primary structural ma
terial. The ultimate tensile stress, 5,„, (1 of presently available cryogenic steels is in the 
range of 1.6-2.0 GPa (304 SS, 316 SS, JBK-75, Incoloy 908, and Fe-Mn and Fe-Cr al
loys), leading to an allowable equivalent stress in the neighborhood of 600-1000 MPa. 
The best materials are the Fe-Cr-Ni and Fe-Mn-Cr alloys developed in Japan specifically 
for cryogenic applications [11. 12] and cold-worked-then-aged Incoloy 908 [13-15). 
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The Fe-Cr-Ni and Fe-Mn-Cr alloys are distinguished by high strength and frac
ture toughness at liquid helium temperature. Figure 7.2-6 shows the trade-off between 
strength and toughness for commercially prepared Fe-Cr-Ni and Fe-Mn-Cr, in addition 
to traditional cryogenic steels (NIST trend line), and Incoloy 908. The J AERI Box refers 
to properties targeted by the Japanese (tr„ > 1200 MPa with K/c > 200 MPa-m^ 2 ) that 
provide the high strength and crack-growth resistance required for a P F coil. This goal 
has been achieved with the Fe-Ci-Ni system. For a TF coil operating in a steady-state 
tokamak, it is preferable to have an alloy at the high strength end of the av versus Kje 

curve. Further alloying of Fe-Cr-Ni may obtain higher strength at reduced toughness. 

The best combination of strength and toughness is obtained with Incoloy 908. This 
alloy was recently developed at the Massachusetts Institute of Technology and is dis
tinguished by a very low coefficient of thermal expansion (matched to that of NbjSn), 
which reduces the thermal strain in the superconductor. It is very ductile at 4 K (strain-
to-failure rate is > 20%) and is both workable and weldable. It requires a heat treat
ment schedule that is similar to that required for Nb 3Sn, so Incoloy 908 is an ideal 
magnet material. Development of this material continues, and <r„ ~ 1800 MPa with 
Kic > 200 MPa-m 1 / 2 is anticipated [15]. 

3J0 
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>• Experimental Fe-SSCr-lSCr 
• Incoloy 908 
• Incoioy 908 (anticipated) 

0 ZOO *00 S00 tOO 1000 U00 1400 1900 ItOO 
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F igure 7.2-6. The toughness, K;c, as a function of strength, <ry, for cryogenic steels. 
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7,2.2.3. C o m p o s i t e s 

Composite materials may be capable of simultaneously obtaining higher strength, 
stiffness, and fracture toughness than metals. Fiber-matrix compatibility during all 
stages of fabrication and operation is a critical issue in materials selection. Thus, the 
selection of fiber and matrix are inherently interdependent. Although prediction of be
havior is complicated by the anisotropy of fibrous composites, it may be possible to tailor 
the mechanical properties to a specific loading. Consideration must be given not only to 
the properties of the constituent materials, but also to the ability to fabricate the com
posite with satisfactory properties in every direction and at the fiber/matrix interface. 
Because of the multidimensionality of the stress state (vertical tension, radial compres
sion, and shear) in the inner leg of a TF coil, high strength is required in more than one 
direction. Fiber and matrix options have been assessed and the most promising material 
system has been selected. A method of predicting the resulting composite behavior has 
been developed in terms of: (1) mechanical properties, (2) load distribution between 
fiber and matrix, and (3) fatigue strength. A design criterion based upon the anisotropic 
behavior has also been developed. 

Traditionally, composites use an epoxy or aluminum matrix. These composites have 
very good strength-to-weight ratio, the figure of merit for aerospace applications. For 
a superconducting T F magnet, however, the important parameters are the vertical ten
sile strength and modulus and the radial compressive strength. Because fibers tend to 
have relatively low compressive strength, it is necessary to incorporate the fibers into a 
matrix that is capable of supporting the compressive loads in the inner leg. To obtain 
high strength in all directions, only metal-matrix composites are considered. The leading 
candidates for the matrix material are the isotropic metals (Incoloy 908 and Fe-Cr-Ni). 
Figure 7.2-7 illustrates the strength/stiffness trade-off for the various fiber options. Of 
these, the best combination of mechanical properties, availability, cost, and applicabil
ity is found in carbon. Carbon fibers have been reported with the longitudinal tensile 
strength, Sju.r i 7 GPa, and with the longitudinal Young's modulus, E;u -» 900 GPa 
(not simultaneously) [16-18], The fibers are inherently anisotropic, with the transverse 
Young's modulus, .E/22 < 0.1 .E/u, that may prove advantageous for TF-coil structural 
applications. By aligning the fibers with the vertical (tensile) load, the fibers provide very 
high vertical modulus and strength. Because of the very low Ejn, however, the radial 
load is concentrated in the matrix. Thus, the loads are concentrated in the material best 
suited to support them. 
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Figure 7.2-7, Longitudinal Young's modulus, £ / n , as a function of longitudinal tensile 
strength, S/u.T, for various fibers. 

Carbon fibers retain very good mechanical properties over a broad temperature range, 
For application in a metal-matrix composite, however, one serious limitation must be 
overcome: high temperature interactions with nickel. Because Ni is a key ingredi
ent in high-strength cryogenic steels, these interactions are particularly important for 
a superconducting-magnet structural material. Recent results from American Cyanamid 
and NIST indicate that C/Ni interactions can be prevented by coating carbon fibers with 
a thin Co/W diffusion barrier that stabilizes the interface [19]. 

7.2-2.4, Prediction of compos i t e p r o p e r t i e s 

Composite mechanical properties have been predicted by applying the approach of 
linear composite theories originally developed for epoxy-matrix composites. At low tem
perature, experience from epoxy-matrix materials is applicable because all of the matrix 
materials under consideration are in the linear regime of behavior. Load sharing between 
fibers and matrix, as well as the effect of voids, has been considered. Furthermore, a 
failure criterion based upon the properties has been developed and the improvement of 
effective fracture toughness (decrease in stress concentrati m factor) due to the presence 
of fibers also has been estimated. Only orthotropic composites have been considered. 
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Table 7.2-II provides a list of the bulk composite properties that were calculated 
from fiber and matrix properties. Fibers are uniaxial in the ' l 1 direction. The required 
fiber and matrix properties are listed in Tables 7.2-III and 7.2-IV, and the correlation 
factors of theory and experiment are listed in Table 7.2-V. The composite properties of 
Tabie 7.2-II have been calculated in terms of the parameters in Tables 7.2-III, 7.2-IV, 
and 7.2-V, and in terms of the fiber, matrix, and void volume fractions, respectively, k/, 

The composite strength is anisotropic and varies between tension and compression. 
The tensile strength in the fiber direction, Scj\,r, has been calculated based upon rule of 
mixtures: 

SrU.T = kfiC/J S]\\J + km,rfj Smairlx , 

kf.-Jj = kj(l-kv), 

*W/, = M l - * * ) , C 7 - 2 " 1 ) 

Table 7.2-II. 
Calculated Bulk Compos i t e P r o p e r t i e s 

Tensile strength parallel to fibers 5,i i.y 

Compressive strength parallel to fibers 5 , -n . f 

Tensile strength normal to fibers Sfil.T 
Compressive strength normal to fibers S,-22,r 

Shear strength 5 r l 2. .« 

Young's modulus parallel to fibers Eru 
Young's modulus normal to fibers E.-T! 

Shear modulus in piane of fibers Gyii 
Shear modulus in plane normal to fibers G,.,,> 
Poisson's ratio in plane of fibers V,-vi 

Poisson's ratio in plane norma! to fibers Vrf.\ 

Anisotropy correlation factor K,M 

Minimum fiber volume fraction Kf.-iiiti 
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Table 7.2-111. 
Required Fiber Properties 

Longitudinal tensile strength •5/11.7 

Limiting tensile strain e /( .r 
Longitudinal Young's modulus £ / u 
Transverse Young's modulus E/22 

Shear modulus in fiber plane Gjvi 

Shear modulus normal to fibers G/23 

Poisson's ratio in fiber plane Vf\2 

Poisson's ratio normal to fibers Vf23 

Table 7.2-IV. 
Required Matrix Properties 

Tensile strength (isotropic) 

Compressive strength (isotropic) 

Yield stress 

Limiting tensile strain 

Limiting compressive strain 

Limiting shear strain 

Young's modulus (isotropic) 

Shear modul'is (isotropic) 

Poisson's ratio (isotropic) 

Sm.r 

tmt.C 

~mLS 

Em 

Gm 
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Table 7.2-V. 
Theory-Experiment Correlation Factors 

Fiber tension 01 r 
Matrix tension ft.iT 
Fiber compression 0JC 
Matrix compression ft,U 
Composite normal to fibers, tension 0KT 
Composite, normal to fibers, compression 0nc 
Composite, fiber plane, shear Aw 
Load coupling factor A.-i2i>d 

vhere S m a i r t I represents the loud carrying ability of the matrix in the presence of the fiber 
and fc/,e// arid km,r/f are, respectively, the effective fiber and matrix •fractions. Because 
of the high strength and stiffness of the fibers, the matrix will not suppott !'.-i\d beyond 
yield. However, if the fiber fracture strain, £/(,-/•, is reached before matrix yielding occurs, 
then the matrix stress is governed by the fiber fracture strain. Thus, 

^matrix 
MIN{<rm,y, Em e / u - } , (7.2-2) 

where MIN indicates that the minimum of the bracketed terms is used. For epoxy-
matrix composites, 5 m a ( r i x <£ S/n,r- Requiring that the composite is stronger than the 
unreinforced matrix (ScUj- > Smj), one obtains the minimum fiber-volume fraction 

K/.m.n - "5 = • ( l-i-i) 
"-Vll.T ~~ J m a l r u 

The other composite strengths have been predicted in a similar manner. 

Because of the inherent j>ni 'otropy of composite materials, the ASME design criterion 
relating the strength of a material to an allowed-equivalent tensile stress is not applicable. 
A design criterion based upon composite mechanical properties in all directions and 
dependent upon the geometry of the loading relative to the composite has been developed. 

http://ft.iT
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For a 3-D loading, Hoffman proposed that fracture occurs when [20] 

A(crIJ-<rz)2 + B[<r!-<TT)2 + C(<TI-<Tll)2 + 7,LT^ + 2MTl+2NTi

ly > 1 , (7.2-4) 

where A, B, C, L, M, and N are related to the composite strengths in the various 
directions, and <rr, cryt tr., ry., T:T, and rry are the applied stresses. The design criterion 
then limits the left-hand side of Eq. (7.2-4) to an appropriate fraction of unity. For a 
2-D loading, a fracture condition can be written as (2lj 

fracture occurs 
onset of fracture 
no fracture 

where 

F = 1 
\ScU.n/ \Sc2i.ii) \Scll,s) C '"' L I ScU.nl |Sc-22,l3| 

(7.2-5) 

, (7.2-6) 

S, and <xr refer to, respectively, the composite strength and applied stress in the indi
cated direction ( '1 ' direction is parallel to the fibers), and a and /3 refer to, respectively, 
tension and/or compression. A load coupling factor, Kc\2a0, accounts for the differences 
between tension-tension (TT), tension-compression (TC), compression-tension (CT), and 
compression-compression (CC). The anisotropy correlation factor, Kc\i, accounts for the 
effects associated with the anisotropy in the composite Young's modulus and Poisson's 
ratio (derived by Chamis [22]). For an isotropic material, Eq. (7.2-6) reduces to the von 
Mises distortion energy criterion. The determination of Kc\2aa is based on composite 
experience. As expected, mixed modes (TC and CT) fracture at lower stress levels than 
hydrostatic modes (TT and CC). By defining a new fracture parameter, G, one can write 

G = 1 - F , (7.2-7) 

and the fracture condition becomes 

G > I, fracture occurs 
G = 1, onset of fracture 
G < 1, no fracture 

(7.2-8) 

A design criterion of G < 1/3 is consistent with the ASME criterion of 1/3 of ultimate 
tensile stress. Note that G depends on both the material properties and the specifics of 
the stress state, so the composite design must be coupled to the magnet design. 

file:///Sc2i.ii
http://ScU.nl
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7.3. FLUX JUMP STABILITY 

At present, the superconducting materials for very high magnetic fields (> 21 T), 
Nb 3A£ and Nb a(A/,Ge), are only available in the form of tape. Although tape supercon
ductors may simplify conductor fabrication by eliminating cabling, they are inherently un
stable to magnetic flux jumps and their use will lead to additional design constraints [23]. 
A detailed analysis of the flux jump stability of tape superconductors has been conducted 
and provides a stability criterion based upon magnetothermal characteristics. 

The general equations governing flux jump are Maxwell's equations 

V x £ = - ~ , (7.3-1) 

V x f i = it0J, (7.3-2) 

and the heat-conduction equation 

C~ = V-nVT + E-J, (7.3-3) 
at 

These equations have been solved using linear perturbation theory and a 2-D varia
tional approach. Because the fully 2-D, edge-cooled stabilized tape is very complicated 
mathematically, two simplified geometries (representing the worst and best cases) were 
examined first. The simplified cases provide an upper and lower bound to the stabk 
parameter space and useful insight into the physics of the complete problem. The full 
problem was then solved and an analytic stability criterion determined, These results 
were compared to the 1-D calculation performed by Hart [23]. 

A lower bound to the conductor stability is found by analyzing a 1-D, unstabilized 
tape superconductor. The external magnetic field was assumed normal to the tape and 
the critical state model for magnetic field penetration into a Type II superconductor was 
applied [24]. The resulting stability criterion is 

M? = K <^C J . (T r -T„)- ( | ) i , (7.3-4) 

where Jc is the superconductor critical current density, p is the penetration depth of 
the magnetic field into the superconductor, B0 is the external magnetic field, C,r is the 
specific heat of the superconductor, and T c and T„ are, respectively, the critical and 
operating temperatures. 
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An upper bound to the stability is obtained by considering a 2-D tape in contact with 
a perfectly conducting stabilizer (/c,( —* oo, p„ —* 0). For these conditions, the stability 
criterion is 

where d,c is the thickness of the superconductor. 

Lastly, the tape was analyzed using finite thermal properties in both the conductor 
and the stabilizer. Variational principles describing the system were written and inte
grated using 2-D temperature and flux profiles. The resulting dispersion relation for the 
linear growth rate was analyzed to locate the marginal stability condition. The resulting 
stability criterion is 

2 2 16 Tc-Tu fl ( A f„ K„ diy1 

where pn is the stabilizer resistivity, K,C and K,I are, respectively, the superconductor 
and stabilizer thermal conductivities, and / a c and f,t are, respectively, the fractions of 
superconductor and stabilizer in the conductor ( / , c + / , ( = 1). A comparison of theoe 
results to Hart's stability criterion is shown in Fig. 7.3-1 for p = tu = 0.01 m, where w 
is the half width of the tape. In general, the 2-D effects reduce the stability of the taj* 
relative to Hart's 1-D analysis. These 2-D effects become dominant as d,c —+ O.lu), 

7.4. TOROIDAL-FIELD COIL DESIGNS 

One of the primary goals of the ARIES study is to identify key areas of physics and 
technology that may lead to attractive tokamak reactors. Because the performance of 
the ARIES-I design is sensitive to the toroidal-field strength, a research effort was under
taken to study the feasibility of high-field toroidal-field (TF) coils that utilize advanced 
superconductors which are available, at least, as laboratory samples. This effort resulted 
in the design of a 24-T (peak field) TF coil using Nb3(A^,Ge) superconductor. Further 
analysis, however, showed that because Nb 3(A£,Ge) is presently only available in the 
forn. of tape conductors, losses in the TF coils during the disruption may cause the TF 
coils to quench. As a result, the reference ARIES-I design uses multifilainentary Nb 3Sn 
superconductor and achieves a peak field of 21 T at the coil. In this section, the TF-coil 
constraints and concepts are reviewed. The detailed design of the reference ARIES-I TF 
coils, including the structural analysis is also given. Finally, the design of the 24-T coil 
that utilizes Nb 3(A£,Ge) superconductors is discussed. 
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Figure 7.3-1. Stability conditions for simple cases 1 and 2, the fuil 2-D condition, and 
Hart's condition (w = 0.01 m). 

7 .4.1. Constraints 

Although the development of a superconducting magnet depends upon obtaining a 
superconductor capable of carrying sufficient current density at the desired field, this is 
only one of many considerations. The ARIES-I design minimizes the size of the TF-
magnet Bystem subject to the following restrictions: 

• Superconductor critical current, 

• Superconductor stability, 

• Quench protection, 

• Superconductor strain, 

• Stress and strain in structural materials, 

• Heat removal, 

• Pumping power, 

• Conductor fabrication, 

• Magnet construction. 
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7.4.2. Concep t s 

A conceptual design for the 21-T magnet has been developed based upon isotropic 
structural materials. Furthermore, two conceptual designs for the 24-T TF magnet have 
been developed: one based upon isotropic structural materials a:id one utilizing composite 
materials. All three design concepts use structural plates formed with grooves into which 
the conductor is wound. Thus, rather than winding all of the material 0 in the magnet, 
only the conductor requires winding. This facilitates fabrication by removing the stiffest 
material from the winding process. The cross stction of the ARIES-I T F coil, shown in 
Fig 7.4-l(A), illustrates the plate design. A schematic diagram of a typical turn, showing 
the main parameters is illustrated in Fig 7.4-l(B). 

Because of its superior mechanical properties and low coefficient of thermal expansion, 
Incoloy 908 has been selected as the base material for the plates. For 'he coil cases, 
Fe-Cr-Ni is preferred so that the differential thermal contraction will induce a compressive 
pre-strain in the conductor and in the plates. An equivalent tensile stress of 1000 MPa 
has been allowed for the isotropic design. Based upon the proposed design criterion for 
cryogenic systems [25], steel is required to have <r„ > 1500 MPa and 5, n , / > 2000 MPa 
at 4 K. For the composite material, the 2-D orthotropic design criterion (Sec. 7.2.2.4) is 
applied. For the stabilizer material, an allowable stress of 800 MPa and Young's modulus 
of 185 GPa are used. Because of its superior strength and isotropic properties, CuNb is 
preferable to A£-SiC as the stabilizer. 

In a high-field magnet, the stored energy is sufficiently large that stabilizer require
ments are dictated by quench protection and not by stability. In the ARIES-I magnet, 
the allowed stabilizer current density is increased by two mechanisms: (1) increasing the 
winding pack current, lpack, which becomes feasible in the plate geometry and (2) halving 
the effective stored-energy per coil, Estorcd, by adding an extra layer of electrical insula
tion between the center plates in each coil. Each half coil is then driven by a separate 
power supply and current lead. Thus, although there are 16 coils mechanically, there are 
32 coils electromagnetically. 

Although optimizing every turn of the conductor separately results in the absolute 
minimum size of the magnet, it also leads to an excessive number of joints {— no. of coils 
x no. of rows). Using the same conductor everywhere, however, is very inefficient. As 
a compromise, the ARIES-I coil uses five conductor grades. Because the depths of the 
grooves in the plates are determined by the design of the conductor, a different depth is 
required for each grade. 



7A. TOROIDAL-FIELD COIL DESIGNS 

Grade: 5 4 3 2 1 

7-21 

(A) 

Plate Cable space 

(B) 

structural plate 
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Figure 7.4-1. (A) The cross section of the inner leg of the reference ARIES-I TF-coil 
design, illustrating the structural plate concept; and (B) Schematic diagram of a typical 
turn, indicating the main design parameters. 
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7.4.3. The ARIES-I Reference Toroidal-Field Coil Design 

The reference ARIES-I TF coil has a peak field of 21 T and is based upon more 
conservative materials-development assumptions than the 24-T coil. For this design, all 
of the superconductor is multifilament ary (Nb'Ti, Nb 3 Sn, and V^Ga if necessary) and all 
of the structural material is isotropic steel (either 316 SS or Incoloy 908). Coil design 
parameters are given in Table 7.4-1, conductor grading information is in Table 7.4-11, and 
design results are shown in Table 7.4-III. 

Table 7.4-1. 
TF-Coil Design Parameters for the ARIES-I Reactor 

Magnetic field (T) 21.04 

W (kA) 100 

Vmax (kV) 20 

Smaz (A 2 -s /m J ) 5 x 10 1 6 

Number of coils 16 

Ripple on axis 0.15% 

Ripple on edge 1.49% 

Thermal contraction (from 293 to 4 K) 

Superconductor 2 x 10" 3 

Stabilizer 3 x It)" 3 

Plate 2 x 10- 3 

Case 3 x 10 " : l 

Insulation 2 x 10"'' 
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Table 7.4-11. 
Conductor-Grading Design Parameters for the ARIES-I R e a c t o r 

Grade 1 2 3 4 5 

Maximum field (T) 21.1 18. 14. 9. 4. 

Jc (10 s A/m 2 ) 2.40 4.98 12.5 35.5 46.5 

T, (K) 4.6 6.5 9.1 12.4 6.6 

alor (cm) 7.0 7.0 7.0 7.0 7.0 

srad (cm) 3.8 4.0 4.4 5.0 5.1 

tplale ( c m ) 1.85 3.28 4.30 4.84 4.96 

h-cond ( c m ) 2.10 2.30 2.70 3.30 3.41 

™eond = ™Si "OOt'C (cm) 4.95 3.55 2.56 1.90 1.S4 

tins (cm) 0.2 0.2 0.2 0.2 0.2 

he 0.433 0.269 0.128 0.032 0.038 

f* 0.567 0.731 0.872 0.968 0.962 

7.4.3.1. Structural Analysis 

Support of the electromagnetic forces acting on the TF coils is provided by three 
structural members: two torque shells and a bucking cylinder (Fig. 7.4-2). The torque 
shells are axisymmetric toroidal caps that counteract the overturning forces in the upper 
and lower hemispheres. The arrangement of loads is such that comparatively small forces 
have to cross the machine mid-plane, most being balanced in their own hemisphere. The 
small overturning forces at the outboard mid-plane are constrained by stiffness of the leg 
of the TF coil. The bucking cylinder restrains the inward radial forces of the TF coil, as 
well as a small overturning force on the inner leg of the coil. There is zero torque on the 
components where the top and bottom of the bucking cylinder meet the torque shells. 
There is little or no force transmitted between the cylinder and the shells and, therefore, 
very little interconnecting structure is required. 
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Table 7.4-III. 
TF-Coil Design Results for the ARIES-I Reactor 

Radial build (m) 0.71 

J magnet 

(MA/m 2 ) 25.7 
J„ (MA/m 2 ) 156 
E„orcd {total, GJ) 132 
Estored (circuit, GJ) 4.1 
Vertical stress, stabilizer (MPa) 774 
Vertical stress, case (MPa) 888 
Area fraction (%) 

Superconductor 3.9 
Stabilizer 14.0 
Plate 54.8 
Case 19.9 
Helium 1.6 
Insulation 6.1 

The ANS YS computer code has been used to analyze a model of the ARIES-I reactor 
for in-plane and out-of-plane loads. The model is cyclically symmetric and consists of a 
wedge that is 1/16 of the machine. It is also symmetric about the equatorial plane. The 
3-D model was created from a 2-D axisymmetric model by rectilinear expansion of the 
TF coil to a two solid-element thickness, and cylindrical expansion of the shell to a four 
solid-element thickness. The TF coil and shell nodes are fully aligned only at the vertical 
mid-plane of the wedge. 

Figure 7.4-3 shows the finite-element models of the ARIES-I TF coil and support 
structure. The TF coil is bucked against a bucking cylinder. Gaps between the TF coils 
ensure that the coils do not wedge against each other. The cross section of the coil is kept 
constant. For modeling purposes, coupling has been introduced between the coil and the 
bucking cylinder to allow transmission of radial loads but at the same time preventing 
the transmission of vertical loads from the TF coil to the bucking cylinder; these gaps 
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Figure 7.4-2. Elevation view of the AR1ES-I fusion power core. en 
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TITLE 

Figure T.4-3. Tlie finite-element model of the ARIES-I TF coil and the support struc
ture, shown with continuous shell configuration. Views from (A) outer and (B) inner 
radii; (C) separate model of the TF cross section. 
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can be seen in Fig. 7.4-3. In practice, friction will transfer some of the vertical tension 
in the coil to the bucking cylinder. The effects of allowing the bucking cylinder to carry 
some of the vertical loads will be discussed later. 

The TF coil and top/bottom torque-shell structures are attached by keys running 
along their length in order to ensure transmission of the out-of-plane loads. The model 
assumes that the nodal points between the TF coil and the shells are merged at the 
symmetry plane of the wedge. This assumption results in the transfer of radial and 
vertical loads (in addition to toroidal loads) between the TF coil and the shells. The 
consequences of this assumption will be discussed below. We Lave not included the keys 
between the TF coil and the bucking cylinder in the model. In the results reported in this 
section, the coils react the out-of-plane loads in the TF outer leg across the mid-plane. 
Incorporating the bucking cylinder would substantially decrease the shears in the throat 
of the T F coil. 

The bucking cylinder is separated from the top torque shell at a height of 2.7 m 
in order to allow for removal of the top shell from the machine during maintenance 
procedures. This separation prevents vertica_ .oads generated in ihe horizontal leg from 
being partially transferred to the bucking cylinder through the outer shell. It is possible 
to transfer out-of-plane shears through this interface by setting keys between the shell and 
the bucking cylinder, but this has not been included in this model. The ports required 
for removal of the divertor targets have been included in the model. Also, in the outer 
region the shells are assumed to stop at a height of 1.5 m from the mid-piane. In this 
region, the coils themselves carry some of the shears from the out-of-plane loads. 

The applied Lorentz loads are shown in Fig. 7,4-4. The out-of-plane loads are about 
an order of magnitude smaller than the in-plane loads, and although included in the 
figure, their behavior can not really be determined from these plots. These figures also 
show the coordinate system used, with y being vertical and x being radial. Lorentz 
forces are obtained from an analysis using grid points that are compatible across the 
force analysis model and the ANSYS model. This correspondence of the nodal arrange
ment facilitates communication of element centroid forces between the force code and 
ANSYS. We have assumed that the current density in the TF magnet is uniform in each 
grade (i.e., the current has been smeared over the conductor, structure, stabilizer, insu
lation, and coolant). The toroidal field is self-consistently calculated using this current 
distribution. The out-of-plane loads have been calculated using the high-beta, high-flux 
linkage equilibria described in Sec. 7.5 (Table 7.5-III). The 2-D axisymmetric array of 
forces is appropriately factored to three arrays of forces at the three layers of nodes in the 
toroidal field. The mid-plane nodes have twice the magnitude of the edge nodal forces. 
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(A) 

(6) 

Figure 7.4-4. The finite-element model of the ARIES-I TF coil and the support struc
ture. The node plots are with applied Lorentz loads (high-/3 equilibrium): (A) elevation 
view and (B) isometric view. 
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The constraints for the model are shown in Fig. 7.4-5. Cyclic symmetry constraints 
are accomplished by coupling nodes from symmetry boundary to symmetry boundary 
with degrees of freedom specified in a cylindrical coordinate system. Only the shell and 
the bucking cylinder have nodes at the cyclic symmetry plai.e [as shown in Fig. 7.4-5( A)|. 
The equatorial plane symmetry is modeled by setting the vertical displacement at the 
equatorial plane equal to zero. This is approximately accurate for the TF-coil inner-
throat region if it is toroidally coupled to the bucking cylinder. The bend flexure of the 
TF-coil outer leg, as it takes the overturning torque, will produce rotation of planes in tht 
TF coil at the equatorial plane about a machine major radius. These are accommodated 
by constraint equations that relate the vertical degree? of freedom of corresponding nodes 
at the equatorial plane on either side of the vertical mid-plane of the model. The TF 
coil and bucking cylinder are coupled radially. The remainder of the coil/shell interface 
is connected at the mid-plane by merging the nodes along the line of contact. AN-
SYS STIFF-45 eight-node solid elements are used throughout the model. The resulting 
displacements are snown in Fig. 7.4-6. 

Figures 7.4-7 through 7.4-18 show the results of the finite-element analysis. The 
stresses of the T F coils are shown in Figs. 7.4-7 (radial, erx), 7.4-8 (vertical, c„), 7.4-9 
(hoop, <Tj), 7.4-10 (torsional shear, r„.) and 7.4-11 (von Mises equivalent, <rc„). The 
average vertical stresses in the throat of the TF coil on the mid-plane are "700 MPa. 
The radial stresses are ~140 MPa, and the equivalent average stress on the mid-plane, 
with all the loads added, is ~770 MPa. Accounting for space for gaps, cooling, and 
insulation, the average equivalent stresses (von Mises) in the TF coil are ~840 MPa. 

The loads on the bucking cylinder and the toroidal shell are shown in Figs. 7.4-12 
(radial, <rx), 7.4-13 (vertical, c7„), 7.4-14 (hoop, <ra)t 7.4-15 (torsional shear, TUZ) and 
7.4-16 (equivalent, acq). The toroidal stresses are ~850 MPa. There is little net vertical 
lopi (because of the uncoupling) and small radial loads. The equivalent stresses are 
~900 MPa, lower than the ones chosen as allowable. 

The thickness of tht shell in the outer region of the magnet is 0.20 m. There are 
substantial stresses, <rx and <r.,, on the shell because the TF coil and the shell have 
merged node points along the contact line. In reality, with keys aligned with the long 
dimension of the coil (to transmit the out-of-plane loads), there should be some slippage 
between the TF coil and the shell. This slippage should cause a small local increase of 
stresses in the top of the TF coil, with a corresponding large decrease of stresses in the 
shell (because of the relative sizes of the shell and the coil). Therefore, the shell will 
mainly carry shears resulting from the out-of-plane loads. These shear stresses, ry!, are 
small (~150 MPa maximum). Therefore, it should be possible to decrease the size of the 
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Figure 7.4-5. The finite-element model of the ARIES-I TF coil and the support struc
ture. The node plots are with (A) cyclic symmetry constraints and (B) equatorial ^lane 
constraints (isometric views). 
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Figure 7.4-6. Displaced shape of the ARIES-1 TF coil and the Bupport structure (high-/? 
equilibrium): (A) isometric view (B) end view (elevation). 
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Figure 7.4-7. Contours of radial stress, axt in ARIES-1 TF coil (high-/? equilibrium). 
Contours are labeled (all in MPa) as A = -215, B = -109, 0 = -4, D = 101, E = 207, 
F = 312, G = 417, and I = 628. 

Figure 7.4-8. Contours of vertical stress, <ry, in ARIES-I TF coil (high-/3 equilibrium). 
Contours are labeled (all in MPa) as A = -87, B = 39, C = 165, D = 291, E = 416, 
F = 542, G = 668, and I = 920. 
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Figure 7.4-9. Contours of hoop stresB, <7j, in ARIES-I TF coil (high-/? equilibrium). 
Contours are labeled (all in MPa) as A = -635, B = -483, C = -330, D = -178, E = -25, 
F = 127, G = 279, and I = 584. 

Figure 7.4-10. Contours of torsional shear stress, r y i , in ARIES-I T F coil (high-
/? equilibrium). Contours are labeled (all in MPa) as A = -130, B = - 9 3 , C = -58, 
D = -22, E = 13, F = 49, G = 84, and I = 155. 
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Figure 7.4-11. Contours of von Mises stress, <re„ in ARIES-I TF coil (high-/3 equi
librium). Contours are labeled (all in MPa) as A = 156, B = 265, C = 374, D = 483, 
E = 592, F = 701, G = 811, H = 920, and I = 1030. 

Figure 7.4-12. Contours of radial stress, <jx, in ARIES-I TF-coil support struc
ture (high-/3 equilibrium). Contours a.re kbeled (all in MPa) as A = -555, B = -400, 
C = -244, D = -89, E = 66, F = 222, G = 37V, and I = 688. 
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Figure 7.4-13. Contours of vertical stress, «•„, in ARIES-I TF-coil support stiucture 
(high-0 equilibrium) with views from (A) outer radius and (B) inner radius. Contours 
are labeled (all in MPa) as A = -223, B - -126, C = -28, D = 69, E = 166, F = 263, 
G = 361, and I = 555. 
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(A) 

/ 

Figure 7.4-14. Contours of hoop stress, a:, in ARIES-I TF-coil support structure 
(high-|9 equilibrium) with views from (A) outer radius and (B) inner radius. Contours 
are labeled (all in MPa) as A = -903, B = -705, C = -506, D = -309, E = -110, F = 88, 
G = 286, and I = 682. 
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Figure 7.4-15. Contours of torsional shear stress, ryl> in ARIES-I TF-coil support 
structure (high-/? equilibrium). Contours are labeled (all in MPa) as A = -55, B = -7 , 
C = 41, D = 89, E = 137, F = 185, G = 233, and I = 329. 

Figure 7.4-16. Contours of von Mi6es stress, <req,in ARIES-I TF-coil support structure 
(high-/? equilibrium). Contours are labeled (all in MPa) as A = 112, B = 254, C = 395, 
D = 534, E = 677, F = 818, G = 960, H = 1100, and I = 1242. 
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shells (caps) and our calculations of the weights of the different sections reflect a smaller 
size. 

Figure 7,4-17 shows the resulting vertical stresses if the toroidal shell is assumed 
to be continuous with the bucking cylinder. The result is a net vertical stress in the 
bucking cylinder of about av ~ 300 MPa. The vertical stresses in the throat of the 
magnet are decreased by about ~370 MPa to ~300 MPa, as shown in Fig. 7.4-18. The 
decrease in TF-coil vertical load is similar to the increase in the bucking cylinder load 
because the cross-sectional areas of both are similar. If a friction coefficient of 0.25 is 
used, the maximum value of the vertical stress of the bucking cylinder is ~150 MPa. 
Therefore, there must be some slippage between the TF coil and the bucking cylinder 
during energizing. 

If the vertical stress of ~150 MPt is included in the bucking cylinder, then the equiv
alent stresses there increase to 1050 MPa, slightly larger than the allowable. The stresses 
in the TP coil decrease by about the same amount. The overstressing of the bucking 
cylinder could be remedied by increasing the bucking thickness of the cylinder slightly 
(~5%), a change causing little impact since the central ohmic-heating solenoid is not 
very demanding in ARIES-I (Sec. 7.5). In this case, the equivalent stresses in the TF 
coil would decrease to £ 700 MPa. 

In conclusion, the finite stress analysis presented in this section shows that the stresses 
are slightly less than the approximate calculations done for Table 7.4-III. The coil and 
the bucking cylinder are within the allowable ranges. 

7.4.3.2. C ryos t a t s 

Another important component from the maintenance point of view is the cryostat 
for the TF coils (Sec. 11). Instead of a large cryostat for the entire device, each coil has 
its own cryostat with two kinds of exterior surfaces. The first, occurring over the entire 
bore surface and some of the sides and outer surface, is the conventional type and the 
vacuum vessel is the visible component. The inward progression is the super-insulation 
and heat-shield layers within the vacuum, followed by a structural helium vessel and 
conductor matrix (or a matrix containing small-scale helium confinements such as tubes 
with the case being only structural). 

The second type of exterior surface is visible and exposes the face, completely unin
sulated, of the helium vessel or other major structural case. At the periphery of this 
face, a G10 plate connects the edges of the conventional exterior surface and the visi
ble cryogenic components, forming a continuous flat face. Although this face is vacuum 
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Figure 7.4-17. Contours of vertical stress, <ry, in ARIES-I TF-coil support structure 
with bucking cylinder attached to the shell (high-/3 equilibrium). Contours are labeled 
(all in MPa) as A = -120, B = -34, C = 52, D = 138, E = 224, P = 310, G = 396, and 
I = 569. 

Figure 7.4-18. Contours of vertical stress, <T„, in ARIES-I TF-coil with bucking cylinder 
attached to the shell (high-/? equilibrium). Contours are labeled (all in MPa) as A = -85, 
B = 46, C = 176, D = 307, E = 437, F = 568, G = 698, and I = 959. 
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sealed, the magnet is not operable in this face-exposed condition because the matrix is 
not coolable with one face of its casing exposed to air. For magnet operation, each of 
these exposed faces must butt against an identical face in an adjacent fusion-power-core 
module, the bucking cylinder, or the torque shells. After the faces are aligned, the cryo
stat is evacuated and cool-down can begin. A typical T F coil with the interface surface 
is shown in Fig. 7.4-19. 

Application of this new, cold-face concept eliminates the need to carry very large 
loads from cold to warm structural elements. When the heat leakage resulting from 
out-of-plane forces is calculated on the basis of cold-to-warm structure requirements, it 
is 10 times higher for a conventional design than Tor the proposed ARIES-I cold-face 
cryostat system. Moreover, because the cryostat system also deals with the center-post 
butting forces, the total benefit would be several times larger (i.e., a factor of 50 over 
conventional design). Additionally, at least 0.15 m of space on each of the coil cross-
section dimensions is saved. The use of the cold-face cryostat gives a new capability to 
avoid heat leak and allow for TF-coil removal. This cold-face interface concept, however, 
requires the machining of large components with more precision than is necessary for a 
conventional design. 

WARM 
FACE" 

SEPARATION 
_______ 

CONVENTIONAL 
METAL HEAT 
SHIELDS 

SEALS 

MATRIX SPACE 
- COIL 1 -

11 
t t 

G-10 INSULATION 
PLATES 4K FACE-

VACUUM SPACE 

ATTRACTING 
MAGNETIC FORCES 

MATRIX SPACE 
- COIL 2 -

Figure 7.4-19. Cold-face cryostat showing cold-to-cold surface interface. 
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7.4.3.3. Design of a 24-T coil 

During the scoping phase of the ARIES-I study, the feasibility of high-field TF mag
nets which are based on the latest laboratory achievements was investigated. This re
search effort resulted in the design of a 24-T (peak field) TF coil using Nb :,(A£,Ge) su
perconductor. Further analysis, however, showed that because Nb3(A£,Ge) is presently 
only available in the form of tape conductors, losses in the TF coils during the disruption 
may cause the TF coils to quench. As a result, the reference ARIES-I design uses multi-
filamentary Nb 3Sn superconductor and achieves a peak field of 21 T at the coil. In this 
section, designs of two 24-T coils utilizing Nb 3(Af,Ge) superconductors are presented, 
one using isotropic structural material (similar to the ARIES-I reference design) and one 
with fiber-reinforced materials. The cross sections of the TF-coil inner legs for the two 
designs are shown in Fig. 7.4-20. 

Design of the composite material for the 24-T TF-coil plate requires selection of the 
carbon fiber properties (strength versus stiffness trade-off, Fig. 7.2-7), the fiber orienta
tion, and the fiber volume fraction, kf. For the TF-coil inner leg, the fibers are oriented 
vertically so that they support most of the vertical tensile load; the steel matrix will 
support the radial compressive load. The fiber properties and volume fraction are chosen 
such that the radial build of the coil and the composite failure parameter, G, are both 
minimized, as is illustrated in Fig. 7.4-21. The material properties selected for the design 
are given in Table 7.4-IV, the resulting composite design properties are in Table 7.4-V, 
and the resulting stress distribution is in Table 7.4-VI. 

Table 7.4-VII compares the designs of the high-field grades for the two structural ma
terial options. Note that the superconductor Jc and Tc are determined at the highest-field 
point for the particular grade, while the structural material requirements are determined 
at the lowest-field point due to the buildup of radial load. The design methodology for 
the multifilamentary wire conductors is essentially the same as that for the tape con
ductor, with results shown in Table 7.4-VIII. For B < 18 T, the design is dominated by 
the structural material requirement (compare tpiate to wgrnavc and the plate area to the 
cable space area) and the impact of very high-strength composites is clearly evidenced. 
If the allowed stress is limited to 1 GPa, then srad > 12 cm and hcond > 11 cm is required 
in the low-field region, resulting in large bending strain during winding. This leads to 
degradation of Jc and a potential for mechanical failure of the superconducting filaments 
at the outermost radius of the conductor where the bending is maximum. When a high-
strength composite structure is used, however, the largest conductor is 5.76 cm in the 
bend direction, and the largest multifilamentary conductor is 5.03 cm. This is more than 
a 50% reduction in bending. 



7-42 MAGNET ENGINEERING 

Grade. 5 
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Figure 7.4-20. The cross section of the inner leg of 24-T TF-coil design with 
(A) isotropic steel and (B) composite structural material. 
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F i g u r e 7 .4-21 . The optimized values of the composite failure parameter, G, and C fiber 
fraction, fe/, and modulus, Ej\\, as functions of C fiber strength, 5/y, for the 24-T coil 
design. 

Table 7.4-IV. 
M a t e r i a l P r o p e r t i e s for 24-T T F Coil 

C fiber strength, vertical, SJU.T (GPa) 

C fiber modulus, vertical, Efu (GPa) 

C fiber modulus, radial, £722 (GPa) 

Incoloy strength, 5 m , j (GPa) 

Incoloy yield stress, omiV (GPa) 

Incoloy modulus, Em (GPa) 

Incoloy strain to failure, emt.T 

5.9 

513 

9.6 

2.0 

1.5 

207 

23% 
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Table 7.4-V. 
Composite Design Properties for 24-T T F coil 

C fiber fraction, kj 35.6% 

Incoloy fraction, km 64.4% 

Void fraction, kv 5.0% 

Composite modulus, vertical, Ecu (GFa.) 300 

Composite strength, vertical tension, S c n, r (GPa) 2.9 

Composite strength, radial compression, Sc?2,c (GPa) 1.2 

Failure parameter, G 0.284 

Table 7.4- VI. 
Stress Distribution for 24-T TF Coil 

Composite stress, vertical, <rc\\,T (MPa) 877 

Composite stress, radial, <TC2I,C (MPa) —373 

C fiber stress, vertical, oyn.r (MPa) 1500 

C fiber equivalent stress (Tresca), cr/.rreaca (MPa) 1873 

! :coloy stress, vertical, crmi,_j (MPa) 605 

Incoloy equivalent stress (Tresca), <rmjrc,ca (MPa) 978 

Composite vertical strain, eL.n,T 0.29% 
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Table 7 .4-Vi l . 
Design Parameters 

of Tape Conductor Sections of the 24-T TF Coil 

Grade 1 2 

Field range (T) 24 > B > 20.5 20.5 > B > 18 

Steel Composite Steel Composite 

Jc (10 s A/m 2 ) 1.94 1.94 

T e ( K ) 8.9 8.9 

s, D r (cm) 8.5 8.5 

•Srari ( c m ) 7.7 7.5 

tplate (cm) 2.56 2.34 

hconi (cm) 5.96 5.76 

wcond (cm) 4.80 5.06 

Wtajm (cm) 2.40 2.53 

w g r o o « (cm) 5.71 5.92 

t i n , (cm) 0.2 0.2 

/ « 0.362 0.355 

/.« 0.638 0.645 

2.51 2.51 

10.6 10.6 

8.5 8.5 

7.8 7.5 

3.68 3.32 

8.12 5.75 

3.72 4.10 

1.86 2.05 

4.55 4.95 

0.2 0.2 

0.352 0.339 

0.648 etfe: 

Superconductor 10.3 10.3 8.0 8.0 

Stabilizer 18.2 18.8 14.8 15.6 

Conductor 28.6 29.2 22.8 23.6 

Helium 5.4 4.9 5.0 4.9 
Cable space 34.0 34.1 27.8 28.5 

Plate 27.7 24.5 34.8 29.7 

Insulation 3.2 3.1 3.2 3.1 

Total 65.0 61.6 65.8 61.3 
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Table 7.4-VIII. 
Design Parameters 

of Multifilamentary Conductor Sect ions of t h e 24-T T F Coil 

Grade 3 4 5 

Field range (T) 18 > B > 11 11 > B > 4 4 > B 

Steel Composite Steel Composite Steel Composite 

46.5 Jc (10 R A/m 2 ) 4.98 4.98 31.4 31.4 46.5 

Tc (K) 6.5 6.5 11.1 11.] 6.6 6.6 

3lor (cm) 8.5 8.5 8.5 8.5 8.5 8.5 

3rad (cm) 7.7 6.0 11.0 6.4 13.4 6.8 

W e ( c m ) 6 - 1 4 5 - 4 6 7-36 6.48 7.52 6.54 

fccond (cm) 6.04 4.29 9.29 4.69 11.66 5.03 

™<.W = VJgraove («n) 2.07 2.87 0.98 1.89 0.76 1.72 

i , M (cm) 0.2 0.2 0.2 0.2 0.2 0.2 

f,c 0.342 0.348 0.076 0.078 0.053 0.054 

/ „ 0.658 0.652 0.954 0.922 0.947 0.946 

Areas ( l O - W ) 

Superconductor 4.0 4.0 0.64 0.64 0.43 0.43 

Stabilizer 7.8 7.6 7.8 7.6 7.8 7.6 

Conductor 11.8 11.6 8.4 8.2 8.2 8.0 

Helium 0.74 0.74 0.67 0.66 0.66 0.65 

Cable space 12.5 1*2.3 9.1 8.9 8.9 8.6 

Plate 49.5 37.4 81.0 43.2 101.1 45.9 

Insulation 3.2 2.9 3.9 3.0 4.5 3.1 

Total 65.2 52.6 93.9 55.0 114.5 57.6 
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Global input parameters for the design are listed in Table 7.4-IX and resulting magnet 
parameters are in Table 7.4-X. 

Table 7.4-IX. 
Design Parameters of the 24-T TF Coil 

Magnetic field (T) 23.75 

/per* (kA) 200 

K , « (kV) 20 

Smax (A 2 s /m 4 ) 5 x 10 1 6 

Number of coils 16 

Ripple on axis 0.15% 

Ripple on edge 1.49% 

Thermal contraction (from 293 to 4 K) 

Superconductor 2 x l 0 - ! 

Stabilizer 3 x l 0 - : l 

Plate 2 xlO"" 

Case 3 x l0~ : i 

Insulation 2 x l 0 _ : i 



7-48 MAGNET ENGINEERING 

Table 7.4-X. 
Design Results for the 24-T TF coil 

Steel Composite 

Radial build (m) 

Jmagnc, (MA/m J ) 

J „ (MA/m 2 ) 

E,t„„d (total, GJ) 

E,tor<!d (circuit, GJ) 

Vertical stress, stabilizer (MPa) 

Vertical stress, case (MPa) 

Area fraction (%) 

Superconductor 

Stabilizer 

Plate 

Case 

Helium 

Insulation 

1.14 0.74 
21.4 28.5 
220 226 
133 126 
4.1 3.9 
744 707 
865 1275 

4.8 6.5 
11.4 15.4 
56.3 49.7 
21.7 21.3 
2.3 2.9 
4.0 4.6 
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7.5. POLOIDAL-FIELD SYSTEM DESIGN 

The poloidal-f.eJd (PF) magnets are responsible for forming and shaping highly elon
gated plasmas during a long pulse to steady-state burn. In ARIES-I, all PF coils are 
external to the toroidal-field system and are superconducting, using internally cooled, 
cable-in-conduit conductor of ternary NbaSn, as in ITER [26]. The design of the PF-
magnet system does not share the feasibility and development issues of the toroidal-field 
system. Most of the PF magnets have relatively low fields and current densities. However, 
analysis of conductors used in ITER [26] has shown that less advanced superconductors, 
such as NbTi, do not provide any economic advantage over conductors that are designed 
to reasonable standards of energy and temperature margins and recovery from distur
bance, as well as to the universal design criterion of satisfying a minimum fraction of 
conductor critical current. Ternary NB^Sn is favored over binary because it has higher 
temperature margins even at the lower fields. 

The poloidal-field system is designed to control an 11.3-MA plasma over a range of 
beta and internal inductance. It is not designed to provide full ohmic initiation and 
start-up, but is capable of providing a substantial fraction of the ohmic requirement 
with assistance from the radio-frequency (RF) current-drive system. A poloidal-field-
system trade study led to the selection of a 22-V-s flattop capability. Since there is no 
quantitative flattop requirement, the design criterion was to stay within the flux swing 
regime in which cost increases very slowly with capability. The PF-coil set is described 
in Table 7.5-1. 

7.5.1. Magnet Allowables 

Design allowables for the superconducting PF magnets, which were established for 
ITER in 1989 [28], are listed in Table 7.5-II, along with suggested additional constraints 
on energy and power-balance criteria for recovery from disturbances. The ARIES-I 
poloidal-field-system design follows the ITER recommendations, with the exception that 
the Tresca membrane allowable stress is 800 MPa for ITER and 1000 MPa. for ARIES-I. 
The tensile stress limit for ITER of 450 MPa is based on fatigue crack-growth limits in 
the puked tokamak experiment. Since ARIES-I is limited to under 100 cycles, fatigue is 
less limiting than the Tresca membrane and bending stresses in the conductor conduits. 
The ARIES-I coils are more conservative than those of ITER in that they are also de
signed for energy margins > 0.5 J / c m 3 and fractions of critical current in the well-cooled 
recovery regime. 
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Table 7.5-1. 
ARIES-I PF-Magnet Winding-Pack Dimension 

Coil R(m) dR(m) Z(m) dZ (m) "tttrna 

PF1,U,L 2.2 0.75 ±0.75 1.5 400 
PF2,U,L 2.2 0.75 ±2.25 1.5 400 

PF3,U,L 2.2 1.0 ±4.75 1.0 400 

PF4,U,L 4.0 1.2 ±6,4 1.2 500 
PF5,U,L 12.5 0.75 ±5.4 0.75 300 

PF6,U,L 12.5 0.75 ±2.4 0.75 100 

Table 7.5-II. 
ITER PF-Magnet Constraints Used for ARIES-I Design 

V ( e r m m a , (kV) 20 

Icond (kA) 50 

B r n H I (T) 13.6 

°"7'rcjca membrane (MPa) 1000 

^critical 0 .6 

•*• max .dump 
(K) 150 

'-margin [,**•) " - ^ 
Emar9Ja1 (J/cm 3) 0.5 

*wellcooled recovery* D.O 

^'Suggested values. 
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In Table 7.5-II, (critical is the maximum-allowable ratio 1/ conductor current to criiicai 
current; fwdicockd recovery is the maximum ratio of conductor current to the current at 
the transition point between well-cooled and ill-cooled behavior during recovery from 
a disturbance, - Tmax,dumP >s the maximum-permissible temperature in the winding pack 
following a coil dump; Tmargin is the minimum-permissible temperature difference between 
the local conductor temperature and the current-sharing temperature during a scenario; 
and E,nargi„ is the minimum-permissible local energy margin, defined as the volumetric 
energy needed to be deposited in the conductor metal that would result in heating the 
local helium reservoir to the current-sharing temperature. 

New equations for critical current were derived by Miller [28] by reworking an inter
pretation of Suenaga's data on multifilamentary-NbjSn conductor with titanium addi
tions [27] into a form suitable to pulsed loss calculations. The form of these equations 
agreed upon for use in the ITER design may be found in Ref. [28] and are repeated below. 
The fractions of critical current are calculated at each point in a scenario, including the 
effects of strain in the superconductor and heating of the supercritical helium coolant. 
Critical fractions and margins are also recalculated after disruption simulations, because 
it is assumed that disruptions are capable of occurring at any time during a cycle. 

The critical current density of any superconductor is defined as: 

J<BT*\ - C " ( l - ' 2 ) 2 ( l - f f , „ n 

M B ' T ' e ) ~ l^(T,«)*!>/» ' ( 7 ' 5 ' 1 } 

where B is the local flux density, T is the temperature, e is the longitudinal strain in the 
nlaments from all effects combined, C u is a constant, and Bc and Tc are, respectively, the 
critical field and temperature. The normalized field, b, and the normalized temperature 
t, are, respectively, 

b = B 

" Bc2(T,e)' 
T 

An empirical fit for the temperature dependence of critical flux density is 

Bc2{T,t) = 5 r f u ( e ) ( l - ^ ) ( l - | ) , (7.5-4) 

with a strain dependence of 

Bw(e) = B , i u m ( l — a |e| J ' 7) , (7.5-5) 

TM{e) = Tc<Jm ( l - o l e l 1 - 7 ) " 3 , (7.5-6) 

(7.5-2) 

(7.5-3) 
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where a = 900 when e < 0 and a = 1250 when e > 0. For ternary Nb : tSn, BrV,m = 28 T, 
THlm = 18 K, and C„ = 13,400 (A/T-mm*). 

Forced-flow, internally cooled cables have two recovery regimes. In the well-cooled 
regime, almost the entire local enthalpy of helium in the conduit at constant density, 
between the bath temperature and the current-sharing temperature, is available for con
ductor recovery. The Schultz-Mir.ervini design criterion predicts that the fraction of 
critical current at which the transition between the well- and ill-cooled regimes takes 
place should be: 

j-„. n i i.. — it, \ /I.-.. I 
/ . r = «^]', (7.5-7) 

where P„: is the wetted perimeter, h ^ 800 W/K-m 2 is the integral average heat-transfer 
coefficient during a recovery event, T, is the superconductor critical temperature, p is the 
stabilizer resistivity, A,.„ is the stabilizer cross-sectional area, and /,•„„,; is the conductor 
current. To design in the well-cooled regime, the fraction of critical current selected 
should be some high fraction of the transition fraction (e.g., J/J,. = 0.8/j r). 

7.5.2. Volt-Second Capability 

Trade studies showed that the design of the ARIES-I poloidal-field system is qual
itatively different from that of pulsed tokamaks, such as ITER and CIT. Since there 
is no ohmic start-up, the design doesn't require maximization of volt-second capability. 
However, a design philosophy, which was used in some previous steady-state designs, 
that eliminated all volt-second capability in order to minimize cost was unnecessarily 
aggressive. Conventional methods for minimizing stored energy led to designs with un-
realistically small fractions of metal in the coil winding packs. Furthermore, because of 
the flatness of the cost and energy minima, a significant amount of flattop and start
up volt-second capability can be included for a small increase in coil costs. Given the 
probable need to handle off-normal conditions, a modest flattop capacity of 22 V-s was 
selected. This includes a capability of flattop at full current for either high or low beta 
plasmas in order to ensure the ability to heat and quench the burning plasma. Additional 
constraints on overall metal fraction and on the ratio of copper to non-copper were added 
to ensure coil fabricability. 

In order to evaluate the capabilities of the poloidal field system, MHD equilibria 
were generated over a range of flux linkages at high and low beta. The sensitivity of 
performance figures to flux linkage over this range is illustrated in Fig. 7.5-1, which shows 
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Figure 7 .5-1 . Volt-second swing capability of ARIES-I poloidal-field system for possible 
pulsed scenario. 

the relation of actual to allowable performance parameters in the six pairs of PF coils at 
low beta for a low-beta, full-current plasma. The low beta limits are shown because they 
proved to be more limiting than high beta for most of the coils and materials. The peak 
values of each feasibility parameter over the selected flattop range of —52 to —74 V-s 
are listed in Table 7.5-III- In the table, /q,m<jr is the maximum ratio of the conductor 
current to critical current; fjprot,n>ax is the ratio between the conductor current and the 
maximum current limited by protection; Thead,min ' s the minimum-temperature headroom 
between the current-sharing temperature and the initial helium temperature, on the basis 
of field and current, in the absence of detailed knowledge of transient heating and cooling; 
•Ehcad.min is the minimum volumetric energy in the conductor metal headroom between 
the helium enthalpy at the initial temperature and at the current-sharing temperature, 
in the absence of detailed knowledge of transient heating and cooling; ftr is the maximum 
ratio of the conductor current to the current at the transition between well-cooled and 
ill-cooled behavior during recovery from transient disturbances; <T7>,«i is the maximum 
Tresca stress in the conductor conduits, accounting for the forces from the external coils, 
as in the central solenoid stack; o~t,mcm is the maximum tensile-membrane stress in the 
conduit; and Ico,i is the current in the corresponding coil at the specified conditions. 
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Table 7.5-III. 
PF-Coil Actuals Over Design Range of Full Current Flattop 

^max Jcmax JJpro\ymax *Aead,min E*head,n\tn J IT &Tr,exi ^l.mem *coi/ 

Coil (T) (K) (J/cm 3) (MPa) (MPa) (MA) 

High-/? Equilibrium 
PF1,U 2.9 0.05 0.06 7.94 10.8 0.14 215 25 -5.1 

PF2,U 3.8 0.09 0.02 7.11 7.2 0.13 260 0 -3.6 

PF3.U 10.4 0.13 0.18 3.39 1.4 0.40 651 524 14.6 

PF4.U 9.3 0.51 0.36 2.24 1.3 0.87 751 862 24.5 

PF5.U 4.6 0.24 0.40 5.66 3.6 0.33 548 533 -8.1 

PF6,U 1.5 0.27 0.03 6.82 6.0 0.14 960 902 -1.8 

Low-/3 Equilibrium 
PF1,U 8.7 0.53 0.29 2.27 2.8 0.78 969 336 -16.3 

PF2,U 7.1 0.26 0.03 1.79 2.8 0.26 811 244 0.98 

PF3,U 12.7 0.30 0.27 1.70 0.6 0.76 947 777 19.9 

PF4,U 9.0 0.46 0.35 2.53 1.5 0.81 921 749 23,9 

PF5,U 6.6 0.55 0.69 2.74 1.6 0.64 939 912 -12.4 

PF6,U 1.9 0.38 0.03 5.62 4.8 0.18 715 0 2.2 
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The selected design was then evaluated to have a capability of volt-seconds for initia
tion, but initiation requirements were not used to select material fractions. The degree of 
initiation and start-up capability of ARIES-I is somewhat arbitrary because of the con
siderable amount of current-drive power available to assist and the steady-state flattop 
capability. The design process described above led to a reference poloidal-field-system 
design with an end-of-burn capability of 144 V-s, which can also provide 60% of the 
volt-seconds needed for start-up without current-drive assist, and a 22-V-s full-current 
flattop at high and low beta, as shown in Fig. 7.5-1. 

The ARIES-I reactor operates at steady state and has a modest plasma current of 
11.3 MA. The peak field in the poloidal-field system is only 12,8 T, as shown in Fig. 7.5-2, 
and pulsed losses in the poloidal-Aeld system are modest in comparison with those of the 
toroidal-field system because of the much smaller volume of superconductor required. 
The peak poloidal-field energy of 17.8 GJ, dominated by low-/? plasma equilibrium re
quirements, is comparable to that of ITER. Because of the slow charging of the coils, 
the peak power and power supply requirements are modest, comparable to those of JET, 
and less expensive because of the absence of on-site pulsed-power facilities. A SAVAR 
power-factor correction-control circuit [29] is used in order to prevent large circulating 
reactive power in the utility line that feeds the poloidal-field circuits. 
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7.5.3. Poloidal-Field Scenarios 

The ARIES-I reactor operates at steady state. However, at some definite interval 
(e.g., once a year), it must initiate plasma, ramp up plasma current, heat to ignition, 
burn, quench, and ramp down the plasma current, just as would a pulsed tokamak. The 
ARIES-I reactor also has to be designed for a finite probability of disruption, although 
that probability will be considerably smaller than that for near-term experimental toka-
maks. The design approach to ARIES-I is that it should be able to absorb the losses, 
forces, and voltage transients from a disruption at any time during a startup or shutdown. 

After determining the poloidal-field burn operating range and initiation capability, 
a poloidal-field scenario was developed to cover the plasma and coil states before and 
after initiation, ramp-up, heating, burn, quench, and ramp-down. The amount of time 
taken to ramp up the plasma is a soft design compromise between the additional costs of 
magnet power-supply equipment and the costs of equipment to handle additional power 
and reactive power in the poloidal-field system; the same considerations apply for the 
RF current-drive system that would be used to assist the poloidal field. The basic design 
philosophy was to maximize the uss of whatever capability had already been selected 
for flattop. Since the poloidal-field system is capable of slightly more than half of that 
required for a fully ohmic initiation and start-up, the time for eac?i event is similar to 
that in pulsed reactor designs, such as ITER [26]. 

The energy requirements for the reference design are shown in Fig. 7.5-3(A). The 
poloidal-field system has a peak stored energy of 17.8 GJ at the end of start-up and a 
high-jS peak of 12.8 GJ at the beginning of burn, as shown in Fig. 7.5-3(B). The peak 
power of 739 MW during start-up, shown in Fig. 7.5-3(A) could be reduced by a slower 
current ramp. Fowever, with the current design, the power supply cost is driven more 
strongly by the coil ampacity and the utility volt-ampere reactive requirements than by 
instantaneous real power. 

In a workshop on cryogenic refrigeration and power supplies, which was held during 
the 1989 ITER summer session, it was indicated that site selection was more strongly 
determined by negative and reactive power than b}' positive power. The overall ITER 
power requirements are modest when compared with pulsed copper tokamaks, compa
rable to JET, and considerably less than CIT. The overall ARIES-I power requirements 
are somewhat lower than those for ITER. However, the most common solution used 
by experimental fusion laboratories for obtaining pulsed rotating energy from motor-
generator-flywheel sets is undesirable for ARIES-I because of much higher stored energy, 
poor utilization of infrequently pulsed power supplies, and stringent requirements on 
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Figure 7.5-3. The possible pulsed scenario for the poloidal-fteld system: (A) power and 
(B) energy as functions of time. 
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plant reliability and availability. Favored circuit solutions at the 1989 workshop included 
the use of gate turn-off thyristors, which can operate at leading power factors, and crow
bars across series supplies in order to reduce reactive power. Gate turn-off thyristors 
approximately double the cost and require twice the space of conventional thyristors. 
Crowbars require second-order additional cost and forced commutation, and they reduce 
the circuit slew rate for the handling of transients, such as minor disruptions. Since the 
workshop, the SAV\R topology invented by Boenig for the Los Alamos pulsed storage 
coil [29] has been suggested. This circuit uses a clever gate-firing algorithm to crowbar 
naturally from wiihin the rectifier. It requires second-order additional cost, is naturally 
commutated, and can apply full slew rate to transients. 

All PF magnets are self-supporting against tensile loads and the central solenoid is 
self-supporting against vertical loads. However, PF6 requires external structure at its 
inside radius to prevent buckling caused by compressive loads. The average hoop, axial, 
and Tresca membrane stresses in the conductor conduit were calculated at each point in 
time. The total load on each coil was also calculated following either current- or flux-
conserving disruptions occurring at any time during the scenario. Even if each winding 
pack were entirely self-supporting, all coils would be within the static membrane allowable 
stress of 1000 MPa (2/3 of yield stress of a high-strength steel conduit), before and after 
a disruption. The highest Tresca membrane stress in a self-supporting conduit for a 
normal scenario is 958 MPa in PF6 at the beginning of burn, as shown in Fig. 7.5-4(A). 
Axial loads are not intercepted by intermediate flanges, and the vertical load from PF2 
adds a worst case downward force of 170 MN on PF1 at the end of quench. There is also 
a 375-MN upward or separating load on PF3 that has to be supported by straps bolted 
to the toroidal field structure. The highest average tensile stress of 881 MPa is also in 
PF6, as shown in Fig. 7.5-4(B). 

7.6. POLOIDAL- and TOROIDAL-FIELD PULSED LOSSES 

Losses were calculated for an entire scenario in the poloidal- and toroidal-field mag
net systems. Also, it was assumed that a disruption could be either current- or flux-
conserving (i.e., alt P F coils retain their respective pre-disruption current or flux) and 
the effects of the two types of disruption models were calculated at any given point in 
the time scenario. The total losses were integrated and local heating of conductor and 
conduit helium was modeled in order to evaluate the energy and temperature margins 
of each magnet during normal scenarios and disruptions. The goal was to find a design 
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whose margins would be everywhere greater than the above-mentioned allowables of the 
0.5-K temperature margin and 0.5-J/cm 3 energy margin. 

7 .6 .1 . M e t h o d 

In a typical poloidal-field scenario, currents are specified at nine points in time, each 
point representing the beginning or end of a scenario "event," such as start-up or burn. 
Linear interpolation is used between calculated points in the scenario. In the equations 
:n Sec. 7.6.1.1, the subscripts 1 and 2 refer to the beginning and end of one interpolated 
time step. The loss phenomena modeled are transverse and parallel i;eld losses due to 
hysteresis, coupling, and eddy currents. The coupling between diffusive mechanisms is 
modeled, but hysteresis and diffusion losses are modeled as though they were independent., 
which is a conservative assumption. 

7.6.1.1. Transverse hysteresis 

The form of the transverse hysteresis loss is taken from Superconducting Magnets [30] 
where Wilson's difference equation is 

A i r m = B l ~ B* 7 VnmCu , (7.6-1) 

where VnonCu is the volume of non-copper in the conductor (m 3 ) , 

- \{h-w)• 
0 = I ' R \ (7-6-3) 

and Bp, the transverse field for full penetration, is defined as 

Bp = ^ J e D f . (7.6-4) 
7T 

As a conservative approach to the calculation of hysteresis losses, filaments are as
sumed to be fully penetrated by demagnetizing fields at all times. Filament demagneti
zation, Mj., at a given moment in time is taken to be 

Ms. = — JrDcJiBr,{l+a

2), (7.6-5) 
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where Dj, the filament diameter in Eq. (7.6-4) is replaced with an effective diameter, 
Deff, when experimental hysteresis loops are available. If the magnetization in an ex
perimental hysteresis loop isn't proportional to a mandated correlation for J,., D,// can 
be specified as a function of field in order to match experimental data in detail. For 
the transverse hysteresis losses, 1 + a? is used as a multiplier, where a is the fraction of 
critical current. Then, the transverse hysteresis loss per unit length, Lhyn.i, is 

Lhy,.i = 2^,.«c«(Af±,2 + A f J . , , ) | B i . 2 - S x . l | , (7.6-6) 

where Anoncu is the cross-section area of the non-copper in the conductor (m 2 ) , while 
S j . ! and B x ,2 a r e the flux densities perpendicular to the superconducting filament, re
spectively, at the beginning and end of a time period. 

7.6.1.2. Transverse coupl ing 

Transverse coupling losses are calculated using Shell's method of considering a pair of 
twisted filaments on the edge of the matrix as the secondary of an equivalent transformer 
circuit [31] with a characteristic time constant of 

- - **-%- (7.6-7) 
4ir2 pc!l 

where / . p is the twist pitch length and peff is the effective resistivity of the matrix. If a 
perfect barrier is assumed between the non-copper core and the stabilizer, #•// is simply 

Pcfj = pnoncu — - ^ , (7.6-8) 

where A is the fraction of the non-copper that is actually superconductor and p„,mc„ is 
the electrical resistivity of the non-copper (fi-ro). This fraction is impossible to actually 
measure but has been estimated to be 0.23 in the Large Coil Project (LCP) conductor [32]. 
This value (0.23) is then used for calculating losses in binary conductors. The loss has 
been estimated [33] to equal 0.309 in the 8717 NbaSn with titanium additives used in the 
high-field insert of the Dual Purpose Coil (DPC) [34, 35j. Therefore, 0.309 is used as the 
value of A for ternary conductors. 

At the conservative extreme, if there is no barrier between the superconducting core 
and the surrounding copper matrix, the effective coupling resistivity of the matrix is 

P.il.cu = PCu-jp —^ • (7.6-9) 
"strand "-nvnCv 
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R,trand is the outer strand radius, while Rno,,cu is the radius of the non-copper portion 
of the strand. The effective resistivity for the entire conductor is then defined as: 

1 1 ! , 
= + . (7.6-10) 

PcfJ Pcff,Cu P<:lU„,mCu 

The difference equation used to calculate the local losses during a given time period is 

APv'rn = ^-VnmCu{Bt-Bif ., ?"• , (7.6-11) 

where V„u„cu is the volume of an element of non-copper (superconductor plus matrix), 
ti — t\ is the time period, and r p a , .„„ e is the characteristic time constant of the surround
ing passive structure. For example, if we were considering the coupling losses within a 
bronze core, surrounded but isolated from stabilizer, Tpa,a,vc would be the sum of the 
time constant for eddy currents in stabilizer, conduit, and case, and passive currents in 
all external continuous structures. 

The intrinsic resistivity of the internal Nb 3Sn matrix is believed to be the same as 
that of the bronze matrix. The eddy current losses in the copper stabilizer are calculated, 
using the same equivalent transformer approach, with a characteristic time constant of: 

_ Mo rjtrqnd 
~stab — 8pci ( l . bronze I I 'strand 'bronze \ i ; / T c i o \ 

l + -2 I I - j V,lrand, (7.6-12) 
'strand/ \ T strand / where T3tab is the characteristic time constant of the stabilizer, r ( , r o n i ( , is the inside radius 

of the stabilizer, and i,trand is the outside radius of the strand. If the total time constant 
of the LCP conductor is about 1 ms, the breakdown suggested by the equations is that 
about 2/3 comes from transverse coupling in the matrix and 1/3 from eddy currents 
in the stabilizer. This can be partially calibrated against the loss information in the 
Westinghouse LCP conductor reported by Wagner [36]. 

When experimental measurements are available, a free multiplier is used to convert 
Lp to LVJCjj so that calculations will match experiments. While this technique will give 
correct answers, it will also conceal a broad range of assumptions about the effectiveness 
of the resistive barrier and, thus, should not be used to extrapolate from known to 
unknown conductors. However, the same technique of using i p , c / y is utilized to match 
designs that assume that specified performance goals will be reached by developmental 
conductors. 
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7.6.1.3. Parallel field coupling 

Parallel-iield coupling losses behave as an hysteretic, not a diffusive, phenomenon 
because of the absence of flux cancellation by the filament or strand twist pitch. The be
havior with field of these losses depends primarily on whether the field can fully penetrate 
a strand. The penetration field, Bp, is 

Bp = ^XJ$ , (7.6-13) 

where A is the non-copper fraction of the conductor metal and Jo is the critical current 
density in the poloidal direction circling the filament axis. According to Miller [37], J0 

is generally less than double Jc, so that setting Jo = J? should give conservative results. 
For a conductor fully saturated by the parallel field, Miller [37] calculated the parallel 
coupling loss, Wm, to be 

Wm = - A J 9 5 | | X 0 f 0 , (7.6-14) 

where xu s 2 x r „ / £ p is the twist pitch parameter and r0 is the equivalent radius of the 
composite. In the case of the LCP strands, rD should be the radius of the central non-
copper matrix and barrier in a strand. 

For unsaturated conductor, the parallel coupling loss is proportional to the cube of 
the parallel field and is 

Wm = Wm„,lical f i d d - £ . (7.6-15) 
c 

7.6.1.4. Parallel field hysteresis 

Parallel-field hysteresis losses are the parallel field losses in individual unshielded 
filaments. The demagnetization of a filament at full penetration by parallel field, Mc, is 

Mc = -Jt,DfBPiC{l + a2), (7.6-16) 

where 

£ P . C = —J<,Dj. (7.6-17) 
7T 

Individual filaments are assumed to be fully saturated by the parallel field, so the parallel 
demagnetisation of the filaments, M\\, is 

M„ = M t ^ . (7.6-18) 
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This is clearly a conservative assumption, since parallel coupling has not been assumed 
to have saturated fields and may provide substantial shielding of individual filaments. 

The loss per unit length due to parallel hysteresis losses, Lhy,^\, has the same form as 
that for transverse hysteresis [Eq. (7.6-6)] and is 

W l l = 5 A B O B C u ( % a + J t f | | , I ) | B | | , 2 - B | | l l | . (7.6-19) 

7.8.2. Case and Condu i t Pu l sed Losses 

The transverse-field eddy-current losses in a hollow rectangular case are also calcu
lated using the transformer secondary method. The characteristic time constant of the 
case to transverse fields, r x , is given by 

P'O ** case leq,case 

** Pease 
(7.6-20) 

where W' c a, c and t£<ixaac are, respectively, the width and the thickness of the conduit or 
case. The characteristic time constant of the case for parallel fields, TJ|, is half that for 
transverse fields, i.e., 

Mo " c a s e tetj,caae fn c r»t\ 
T|, = — . ( 7 . 6 - 2 1 ) 

O Pease 

If the case or conduit is not square and/or the walls are of different thicknesses, time 
constants are approximated by calculating the resistance and inductance separately. The 
resistance is clearly the sum of the resistance of each of the four walls. For a thin walled 
case, the inductance per unit length is just the width or height of the wall transverse to 
the flux change being calculated. Alternatively, the approximation recommended by the 
NET team [38] is 

_ 1 (dB/dty wlhl 

where Peddy,± is the loss per unit length, while wa and hD are, respectively, the outside 
width and height of the conduit or case. For parallel fields 

_ 1 (dB/dty ( wlhl »?A? \ 
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7.6.3 . Resu l t s 

The losses in both the poloidal- and toroidal-field systems are dominated by hysteretic 
mechanisms. If this were not the case, the scenario could be slowed down to put more of a 
burden on RF assistance. Since the burn is steady state, the PF magnets are only required 
to absorb pulsed field energy during startup, shutdown, and off-normal conditions such as 
placma disruptions. Unlike ITER, there is no problem of temperature ratcheting between 
pulses. Figure 7.6-l(A) shows a pseudo-scenario used to represent the characteristics of 
the poloidal-field system during startup and shutdown, and during changes in beta and 
flux linkage during the burn. The duration of the burn is substantially longer than is 
shown, but the losses calculated in this section are insensitive to the value of flattop 
since they are determined by hysteretic losses. The short duration of the flattop is a 
convenience for displaying the results. 

The total pulsed-energy loss in the poloidal-field system during a full scenario (startup, 
burn, and shutdown) is 1.6 MJ, as shown in Fig. 7.6-l(A), while that in the toroidal-field 
system is 1.06 MJ, as shown in Fig. 7.6-l(B). This energy can be absorbed adiabatically 
and is easily removed during the long pulse or shutdown periods. Figure 7.6-l(B) shows 
that the peak energy per pulse absorbed in the toroidal-field winding increases to 1.99 MJ 
following a current-conserving disruption at the end of plasma quench. 

In order to interpret the results for the disruption case, it should be understood 
that during the pseudo-scenario, the energy absorbed by the coils is determined by the 
difference between the disruption case and the normal case. In this way, the results from 
a disruption at any time during the pulse {i.e., during startup, shutdown, high or low 
beta, and with different flux linkage during the burn) can be easily determined. 

The effects of disruptions on the PF coils are shown in Fig. 7.6-2. The hysteresis 
losses in the poloidal-field system during ramp-down are larger than disruption losses, so 
that neither current- nor flux-conserving disruptions can increase the pulsed losses in the 
system. The improved pulsed-energy-loss performance should also increase the feasibility 
of collector sweeping, which was previously evaluated as impractical with a tape winding 
in the TF magnet. 

The worst-case energy margin in the poloidal-field system is in PF3, which is the 
only PF coil that was space constrained after the last magnetohydrodynamic (MHD) 
iteration. The minimum energy margin is 0.62 J / c m 3 at the end of start-up for a normal 
scenario, as shown in Fig, 7.6-3. The temperature margin is 1.5 K at that time, as 
shown in Fig. 7.6-4 where the current-sharing temperature and the bath temperature are 
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Figure 7.6-1. Pulsed-energy losses as functions of time in (A) individual PF wind
ings (normal scenario) and (B) TF windings (normal scenario plus current-conserving 
disruption). 
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Figure 7.6-2. Total losses in PF windings as a function of time (current- or flux-
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Figure 7.6-3. Minimum energy margin in PF3 (normal operation) which is the worst 
case in the poloidal-field By stem. 
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Figure 7.6-4. Current-sharing temperature and bath temperature at worst location of 
ARIES-I PF coil (normal operation). 

shown. As a conclusion, the poloidal-field system is very robust, and the pulsed losses 
are manageable. 

Next we consider the pulsed losses in the toroidal-field system. The energy margin 
in the TF magnet is necessarily lower than the PF magnet because of the high field and 
lower helium fraction, as shown in Fig. 7.6-5. In order to have an adequate energy margin 
against disruptions, the fraction of the conductor envelope of the helium in the high-field 
grade was increased from 1.4% to 7% by reducing the cross section of the structure in 
the first grade. Also, while the bulk of the magnet has a bath temperature of 4.2 K, the 
inlet helium temperature of the first row had to be subcooled to 3.8 K. The lowest energy 
margin is 140 m J / c m 3 . Although sufficient for stability, the calculated energy margin is 
less than the conservative desired allowable for ITER of 500 m J / c m 3 . The highest heat 
deposition at the worst location from a current-conserving disruption is 30 mJ /cm 3 , as 
seen in Fig. 7.6-6. However, this deposition occurs at a point with relatively large energy 
margin and is less limiting that the 30 m J / c m 3 shown in Fig. 7.6-5. 

The heat flux for transition to the ill-cooled regime is 3.3 W/cm 2 at the worst location 
on the high-field side, which is at a height of 1.88 m above the equator. The Joule heat 
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flux is shown in Fig. 7.6-7. Since the Joule heat flux is only 0.911 W/cm 2 , the cable 
conductor will be in the well-cooled regime. Finally, Fig. 7.6-8 shows the highest bath 
temperature in the first turn for normal operation. 

7.7. COSTING 

In this section, the costing models of the TF and PF coils are described. Since the TF 
coils are beyond the state of the art, while the PF coils are no more demanding than the 
ITER poloidal-field system, different costing algorithms were used. They are described 
separately below. 

7 .7 .1 . Toroidal-Field Cos t ing 

A simple procedure for costing the TF coils is proposed. This procedure combines 
the algorithms described by Thomson [39] for calculating the costs of the individual 
components of the TF coil with simple algorithms for determining * weights of the 
components. 

It is assumed that the conductor (Nb 3Sn) costs are similar to those of internally 
cooled, cabled superconductors (IOCS) today. Although more advanced, the general 
characteristics of the fabrication are comparable and the materials are very similar to 
available conductors. 

The stabilizer is more sophisticated than is used in today's conductors and we have al
lowed for a doubling of the cost of the base material to about $30/kg. Similarly, the cost of 
the structural material (as sheets of 316 SS or Incoloy) has been assessed to about $25/kg 
(cost of high-quality thin sheets of Incoloy at today's prices). Furthermore, $10/kg has 
been allocated for increased cost of manufacturing. The bulk of the structural material 
of the TF coil is basically plates. The relatively complex plates could be manufactured 
by putting several thinner plates of different sizes and thicknesses together. Therefore, 
complex machining and cutting/welding is kept to a minimum. It is possible today to 
manufacture the Incoloy plates to thickness and sizes relevant for ARIES-I. The finished 
cost of the structural plates is $75/kg (versus $50/kg for the typical costs of commercial 
complex structures, tenth-of-a-kind, utilized by Thomson [39)). 

The total cross-sectional area of the magnet is determined from 

Atot = A,c + A,tab + A,tr + AHe + Atl (7.7-1) 
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where A,c, A,tab, A,tr, AHC, and Am* are, respectively, the areas of the superconductor, 
the copper stabilizer, the structure, the He cooling fraction, and the insulation. The 
cross-sectional areas are determined by the methods described in Sec. 7.4. The length of 
the conductor per turn is easily determined and will be denoted by £. Then, the total 
volume of each of the elements is determined by A x i x T W , , This can be repeated for 
all of the components of the TF coil. 

The amount of structure in the conductor, as opposed to the case, is all that remains 
to be calculated. We are assuming the use of plates in which the superconductor is 
embedded (as in the HFCTR design concept [1] and the Westinghouse LCP coil [32]). 
These plates support the radial loads and help support th> vertical loads. They are made 
of high-strength structural material (either metal or composite, still to be determined). 
The conductor is an ICCS) conductor; we assume that 15% of the cross-sectional area 
of the copper and superconductor is the conduit. Therefore, the structural material in 
the cables is 0.15 x (A!C + A,tab)- The rest of the structural material is in the plates and 
should be costed at the same rate as the toroidal-field case material ($75/kg). 

Detailed modeling of the TF magnet results in the component fractions shown in 
Table 7.7-1. The fraction of the winding pack is fpack, and the fraction of the overall 
magnet is fmagnci- The costing is shown in Table 7.7-II. The unit cost of this type of 
magnet is about $95/kg. 

7.7.2. Poloidal-Fie ld Cos t ing 

The poloidal-field costs were determined, according to the cost algorithm proposed by 
Miller and adopted by the ITER, magnet unit for superconducting magnet costing [28]. 
These algorithms are sufficiently detailed and realistic to correctly take into account the 
amount of superconductor, stabilizer, structure, and insulation, and the ccmplexity of 
winding and assembly. The cost equations used are: 

OOSI^tVe = ( 6 5 0 - 6 0 0 / C u ) ( S / k g ) , 

Cost M w, n g = 20 ( $ / m ) , 

Costjhenlhl'ns = 60 ($/m) + 30 (S /kg) , 

Cos t i n s e r ( i o n = 2 ( $ / m ) , 

Costi/,,ncft-n9 = 125 (S/kg) of winding , 

Cost c a J C = 75 (S/kg) of case , 

Costjojecuj = 5 ($/kg) of total mass . 
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Table 7.7-1. 
Component Fractions for ARIES-I TF Coils 

Jpack tignct 

Plates 0.573 0.450 
Conduit 0.045 0.028 

Stabilizer 0.241 0.186 
Superconductor 0.057 0,044 

Case - 0.226 
Insulator G.046 0.036 
Helium 0.043 0.033 

Table 7.7-II. 
ARIES-I TF-Coil Costing Calculations 

Jmagnct Unit Cost ($/kg) /magnet •"• U n i t C o s t 

Conduit 0.028 50 1.4 
Stabilizer 0.186 70 13.0 
Superconductor 0.044 400 17.6 
Total winding 0.258 50 12.9 
Plates 0.450 75 33.7 
Case 0.226 75 17.0 
Insulator 0.036 
Helium 0.033 

Averaged unit cost of the T F coil ($/kg) 95 
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Table 7.7-III. 
Cost of the ARIES-I P F Coils*') (kS) 

Coils Wire Cabling Sheath Insertion Winding Case Closeout Total 

PF1 1,988 138 1,312 13 4,874 108 202 8,637 

PF2 2,173 104 885 10 4,629 108 192 8,102 

PF3 10,499 138 1,643 13 12,875 96 521 25,788 

PF4 7,000 314 2,395 31 11,766 210 484 22,203 

PF5 5,227 589 4,196 58 12,727 411 536 23,746 

PF6 424 196 884 19 1,418 274 75 3,291 

Total 27,312 1,480 11,213 148 48,290 1,210 2,012 91,666 

("'including both upper and lower coils. 

These equations are intended for ITER, a first-of-a-kind experimental reactor. Since 
ARIES-I is a tenth-of-a-kind reactor, the cost in current dollars is reduced by 1 0 u 2 . The 
detailed costs of the ARIES-I PF coils are shown in Table 7.7-III. 

7.8. SUMMARY AND CONCLUSIONS 

The critical issues of the toroidal- and the poloidal-field systems for the ARIES-I 
design have been presented in this section. The design of the TF magnet is driven by 
the lilgh field (21 T) and by the decision to limit the use of advanced magnet materials 
(both for the conductor and the structure) to those that already exist in the laboratory 
(although extrapolations to the sizes and lengths required for use in a tokamak fusion-
power reactor may be required). The reference design for the TF magnet uses plates of 
316 SS or Incoloy 908 and internally cooled, cabled, Nb 3Sn-ternary superconductor. The 
stabilizer is CuNb which carries structural loads. 

The successful operation of a superconducting toroidal-field system with B > 20 T 
and E,lored > 100 GJ will require a significant development program. Presently, many of 
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the materials used in this design are only available in small laboratory samples and are 
not optimized for the desiied properties (e.g., strength, current density, etc.). 

At present (1990), the record for highest field produced by a superconducting magnet 
is held by P. Turowski and T. Schneider [40). They built and tested a superconducting 
magnet (using only superconductors) that operates at 20.1 T. It is a hylrid system 
(equivalent to our grading of the magnet conductor), with a NbTi outer magnet and 
several NbaSn inserts. The magnet is cooled at 1.8 K. 

A magnet-technology development program leading to the availability of the 21-T 
ARIES-I TF-magnet system in 20 to 25 years is outlined in Fig. 7.8-1. The development 
of superconducting materials, structural materials, and magnets JB illustrated. Each 
magnet is based upon success in the materials development programs. 

The design of the PF-magnet system does not share the feasibility and development is
sues of the toroidal-field system. The PF coils in ARIES-I are external to the toroidal-field 
system. They are superconducting, using internally cooled, cable-in-conduit conductor. 
The peak field in the poloidal-field system is only 12.8 T. Normal and ^ff-normal pulse 
losses in the PF- and TF-coil systems are sufficiently low so that they do not impact 
overall refrigeration requirements. The magnets have built-in margins that arc sufficient 
to survive disruptions without quenching. 
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8. FUSION-POWER-CORE ENGINEERING 

8.1. INTRODUCTION 

The ARIES-I design is a conceptual commercial reactor based on modest extrapo
lation from the present tokamak physics data base. Safety—of the general public, of 
the operators, and of the investors in a fusion power plant—has been of paramount im
portance in the ARIES-I design effort. Therefore, in addition to high neutronics and 
thermal-hydraulic performances, the ARIES-I design team has made low radioactive in
ventories and the avoidance of toxic materials central to the fusion-power-core design, 

During the scoping phase of the ARIES-I study, several different combinations of 
blanket design options, including choices of coolant, breeder material, structural material, 
and blanket configuration, were evaluated. These options included: vanadium alloy or 
SiC composite as the structural material; CO2 or He at 0.5- to 10-MPa pressure as coolant; 
and breeder forms of PLiBe molten-salt, gas-carried solid-particulate, or stationary solid 
breeders. Also considered were different configurations of coolant routing which included 
forced convective cooling for the FLiBe loop design, and poloidal and radial-plus-toroidal 
flows for the gas cooled designs. Blanket designs presented in the "Blanket Comparison 
and Selection Study" (B<JSS) [1] and in the TITAN [2] studies were also reviewed. As 
the blanket evaluation continued, the following four blanket options evolved as potential 
candidates and were evaluated in more detail: 

1. FLiBe loop design with the molten salt, FLiBe, as the coolant and tritium breeder, 
and V alloy as the structural material [3]. 

2. Carbon-dioxide (0.5 MPa) and solid-particulate (Li4Si0.i or SiC) mixture design 
carried by the CO2 gas as the coolant, and Li^SiO] or L i 2 0 as the solid breeder [4, 5]. 

3. Helium-cooled (5 MPa) poloidal-flow design with layers of sphcre-pac Li.|SiO., and 
Be-metal sphere-pac pellets as, respectively, the stationary solid breeder and neu
tron multiplier. 

4. Helium-cooled (10 MPa) radial-plus-toroidal flow, nested-shell design with a sphere-
pac mixture of LijZrOa and Be-metal mixture as, respectively, the stationary solid 
breeder and neutron multiplier. 



8-2 FUSION-POWER-CORE ENGINEERING 

The FLiBe loop design, shown in Fig. 8.1-1, utilizes forced convective cooling of the 
first wall. This design was not chosen mainly because of the uncertainty regarding the 
corrosion behavior between FLiBe and the structural material, the necessary engineering-
design complexity for accommodating a high melting-point coolant at 460 °C, and the 
need for large quantities of Be as part of the constituent of the FLiBe material. The 
other three options are gas cooled designs, use SiC composite as the structural material, 
and have the configuration of a poloidal module as shown in Fig 8.1-2. 

A limitation of a gas cooled design is that the low-volumetric heat capacity of the 
gas requires high coolant pressure. When solid particles are mixed into the gas stream, 
the mixture will have a much higher volumetric heat capacity than pure gas at the same 
pressure. In comparison, for the same heat-transfer coefficient, the design using a mixture 
of gas and particulate will need a lower volume flow rate and pumping power than a gas-
only design [6, 7]. When a higher density gas like C 0 2 is used as the carrier gas, lower 
coolant pressure (0.5 MPa) can be used while maintaining heat-removal capability similar 
to that of a higher-pressure (~3 MPa) helium-cooled design. 

No penetrations in poo! boundary 
All vacuum vessel penetrations are vanadium, transitions to other metals are outside pool 
Everything can be removed from the top _ 

VACUUM / ^ V . 

NATURAL CONVECTION 

Figure 8 .1-1 . FLiBe loop design (ASPIRE configuration) [3]. 
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For the ARIES-I blanket, designs using Li4SiO.| or SiC particulates, both with C 0 2 as 
the carrier gas, were investigated (Fig. 8.1-3). Details of this study are given in Ref. [5]. 
At a particulate volume fraction of 1.5% and at a C 0 2 pressure of 0.5 MPa, adequate 
control of blanket material temperatures is possible at a very low first-wail and blanket-
loop pumping power of a few MW. For fusion reactor application, an additional advantage 
for using a gas and lithium-compound particulate mixture is that the blanket coolant is 
also the carrier of the breeder material. This arrangement allows tritium to be extracted 
outside of the blanket and greatly simplifies the internals of the blanket design when 
compared to the conventional purge-flow tritium-extraction design [4]. 

The critical issues for the gas and particulate mixture include: (1} the lack of ex
perimental erosion data for Li^SiO^ and for SiC particles on SiC composites, required 
for evaluating the erosion lifetime of this particulate blanket design; (2) the engineering 
complexity of designing the circulation system for the gas and particulate mixture; and 
(3) the possibility of the formation of hot spots if particulates settle in sharp corners 
and/or in blocked channels. Because of these issues, the low-pressure gas and particulate 
mixture design was not selected. 

Helium gas, because of its chemical inertness and transparency to neutrons, is a nat
ural coolant for fusion reactors [1]. Being a gas, helium has to operate at relatively 
high pressure to provide good heat transfer and acceptable pumping power. The ARIES 
team evaluated a 5-MPa helium-cooled pressurized-module design with a poloidal-flow 
configuration, as shown in Fig, 8.1-4 [4]. In order to optimize the coolant outlet tem
perature of 650 °C, a re-entraut coolant-flow design was used. This led to high coolant 
velocities, a high first-wall and blanket pressure drop of 320 kPa, and a correspondingly 
high blanket-coolant pumping power of 154 MW. Because of the high pressure drop and 
high pumping power, this concept was not selected. 

The reference ARIES-I blanket uses 10-MPa helium as the coolant. A radial-toroidal-
flow configuration was chosen over the poloidal-flow design mainly because of the order 
of magnitude reduction of the blanket-zone pressure drop. The blanket is configured 
in the form of nested shells (Fig. 8.1-5) because it is perceived to be advantageous to 
manufacture such a configuration and because of improved reliability. The blanket has a 
poloidal module geometry in order to match the maintenance scenario of the ARIES-I de
sign. The blanket configuration is segmented toroidatly into 32 inboard and 32 outboard 
poloidal modules, as shown in Fig. 8.1-2. Each poloidal module comprises 17 nested, U-
shaped, SiC-composite shells, with a mixture of sphere-pac solid-breeder and Se-metal 
neutron-muliiplier located between the shells (Figs. 8.1-5 and 8.1-6)-
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Figure 8.1-3. ARIES-I COj-gas and solid-particulate mixture blanket-module design. 



Figure 8.1-4. ARIES-I S-MPa helium-cooled poloidal-flow blanket-module design. 

During the scoping studies of the gas cooled designs, several solid breeders were consid
ered: lithium oxide (Li 2 0), lithium orthosilicate (I^SiO-j), lithium zirconate (L^ZrOs), 
and lithium aluminate (L1AIO2). Even though Li4SiOj was favored during the scoping 
phase, it was not selected for the reference design mainly because of the potential concern 
of irradiation effects. Under neutron irradiation, Li2Si03 will be formed and might result 
in the formation of a low melting-point eutectic of I^SiO.] and Li 2 Si0 3 . This potentially 
can lead to high tritium inventory in the blanket. Also, with the presence of this low 
melting-point (1024 °C) eutectic, compacting of the breeder particles could occur due to 
thermal retching, which could limit the lifetime of the blanket. The tritium behavior and 
material properties of this eutectic are not known at this time, and more experimental 
results will be needed to address these potential issues. 

Lithium zirconate was chosen as the reference solid breeder mainly because of its 
favorable stability behavior under neutron irradiation [8]. Unfortunately, extensive iso-
topic tailoring of Zr is needed to reduce activation and afterheat. It should be noted 
that even after extensive isotopic tailoring, the off-site dose from a severe accident in 
the ARIES-I reactor is still dominated by Zr. This provides an important incentive to 
develop low-activation solid breeders such as LijSiOH. Lithium oxide is also a viable 
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Figure 8.1-5. ARIES-I 10-MPa helium-cooled nested-shell blanket-module design. 
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low-activation solid breeder if the generation and migration of LiOT at high temperature 
(~1000°C) can be controlled. Again, this can only be addressed by high-temperature, 
in-situ, tritium-extraction irradiation experiments. In all of the designs considered, in
cluding the selected reference nested-shell design, Be neutron-multiplication material will 
be needed in order to obtain a high blanket-energy multiplication and adequate tritium 
breeding (it may be possible to achieve an adequate tritium-breeding ratio with Li^O 
breeder and SiC structure without any Be multiplier). 

The engineering design of the ARIES-I fusion power core has been p .^ented in this 
section and Table 8.1-1 summarizes the ARIES-I reference blanket design. Section 8.2 re
views the material selection process with special emphasis on the ARIES-I SiC-composite 
structural material. The mechanical design of the fusion power core is given in Sec. 8.3, 
and the neutronics analysis is presented in Sec. 8.4. Thermal-hydraulic performance of 
the ARIES-I blanket is reviewed in Sec. 8.5, and the blanket tritium purge-flow design is 
discussed in Sec. 8.6. Section 8.7 considers heat transfer in plasma-facing components. 
Summary, conclusions, and critical issues are presented in Sec. 8.8. 

8.2. MATERIALS 

Silicon-carbide (SiC) ceramic material has been considered previously as candidate 
structural material for fusion reactors [9]. Silicon carbide has excellent high-temperature 
capabilities, thermal-shock resistance, chemical stability, and environmental resistance. 
These characteristics, coupled with very low induced activation and afterheat, make 
SiC a very promising material for future fusion applications. The ARIES-I reactor uses 
SiC-fiber-reinforced SiC-matrix composite (hereafter referred to as SiC composite) as 
the primary structural material. Section 8.2.1 discusses the properties of SiC composite 
materials. Because of inherent microstructural characteristics, composite materials be
have in unexpected and surprising ways when placed in a neutron and ionizing radiation 
environment. Therefore, the fundamental differences between metals and ceramics are 
reviewed (Sec. 8.2.1.1). The limited data on the irradiation response of SiC fibers and 
bulk SiC material are presented, respectively, in Sees. 8.2.1,2 and 8.2.1.3, and are used to 
estimate the response of SiC composites to irradiation (Sec. 8.2.1.4). These data are then 
used to estimate the properties of SiO composites operating in the expected conditions of 
ARIES-I (Sec. 8.2.1.5); a maximum-allowable design-stress criteria has been developed 
(Sec. 8.2.1.6). Manufacturing techniques for SIC composites are described in Sec. 8.2.1.7 
and are used to arrive at a construction scenario for the ARIES-I FPC (Sec. 8.2.1.8). 
Summary and R&D directions for composites are presented in Sec. 8.2.1.9. 
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Table 8.1-1. 
Summary of t h e ARIES-I Blanket Design 

Material 
Structure material Silicon-carbide composite 
Coolant Helium at 10 MPa 
Breeder/multiplier LijZrCb and Be sphere-pac mixture of 1.0- & 0.1-mm pellets 

Configuration 
Structure 17 nested, U-shaped shells form the poloidal modules 
Coolant Poloidal flow in the plena, distributed radially, end cooling the 

first wall and the blanket toroidally 
Breeder/multiplier Layers of solid'breeder and Be sphere-pac mixture located 

between the breeder-zone coolant shells 
Fabrication Preformed U-shaped shells to be fitted, one layer after another 

including internal supports as needed, into the grooves of the 
reflector/plenum assembly to form the poloidal module; 
the outer shell is the first wall 

Structural analysis 
Purge flow design 

Neutrcnics 

Thermal hydraulics 

Blanket T inventory 

Peak total stress is 77 MPa, well below the 140-MPa design limit 
Areas between coolant shells form the purge channels; 

helium-purge gas pressure is ~0.4 MPa 
Tritium breeding ratio = 1.23 
Blanket energy multiplication = 1.30 
Coolant channels embedded in the U-shaped shells; 

pressure drops and peak material temperatures are acceptable; 
total first-wall and blanket-loop pumping power is 19 MW; 
inlet and outlet temperatures are, respectively, 350 and 650 °C 

Low, 1 g in the solid breeder, but potentially higher (kg level) 
in the Be and SiC materials if tritium recoil implantation and 
retention prove to be a problem 
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The performance characteristics of the four potential solid-breeder candidates (L i 2 0 , 
Li^SiOj, Li 2 Zr03, and LiA£0 2) under normal (pulsed and steady-state) and off-normal 
operating conditions were considered (Sec. 8.2.2). The ARIES-I reference breeder mate
rial is Li2Zr0 3 because of its stability under irradiation and temperature and its excellent 
tritium release characteristics. Unfortunately, L^ZrOa activation and afterheat are the 
highest among the four candidates. For the ARIES-I design, extensive isotopic tailoring 
of Zr has been used to reduce activation and afterheat concerns. Lithium orthosilicate is 
an attractive, low-activation alternative but chemical stability and tritium inventory of 
this breeder under high lithium burnup is uncertain. This uncertainty should be resolved 
by the breeder-material development program. 

Beryllium is chosen as the neutron multiplier material for ihe ARIES-I reactor design 
mainly because of low activation. It also combines the highest thermal conductivity with 
the lowest density of all candidate neutron-multiplier materials. Concerns associated 
with Be are toxicity, resource limitation, and radiation damage. Beryllium properties are 
discussed in Sec. 8.2.3, with special emphasis on swelling. 

Advantages and disadvantages of helium coolant are discussed in Sec. 8.2.4. Material 
cost estimates for the ARIES-I fusion power core, based on discussions with varicus 
SiC-composite manufacturers, are reviewed in Sec. 8.2.5. 

8.2.1. Structural Material 

Silicon-carbide (SiC) ceramics have been considered previously as candidate struc
tural materials for fusion reactors [9]. Silicon carbide has excellent high-temperature 
capabilities, thermal-shock resistance, chemical stability, and environmental resistance. 
These characteristics, coupled with very low induced activation and afterheat, make SiC 
a very promising material for future fusion-reactor applications. However, monolithic 
ceramics display two major problems: (1) a high sensitivity to flaws, either internal (gen
erated during processing) or external (occurring during component use); and (2) brittle 
catastrophic failure. Thus, monolithic ceramics have low toughness and a statistical 
spread in strength that result in low reliability and, therefore, have limited applications. 
Nevertheless, favorable physical and chemical properties of SiC have led to large-scale 
R&D efforts in the U.S. [10] and Japan [11, 12] for aircraft parts (especially the leading 
edge of wings) and for advanced heat engines, which will require structural reliability at 
temperatures as high as possible (up to 1500 °C). 

The large-scale industrial effort to develop SiC materials is motivated by the two 
important characteristics of SiC: high resistance to oxidation and excellent thermal-shock 
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resistance. The resistance to oxidation is due to the surface formation of a self-healing 
coating of silicon dioxide (silica). Silica coatings, which are effective oxidation barriers, 
have been suggested for various metallic alloys [13]. Thermal shock resistance is a measure 
of the ability of a material to withstand sudden thermal-loading stresses. Thermal shock 
resistance, M, is defined as 

k<r(l -u) 
M = I \ (8.2-1) 

£. a 

where k is the thermal conductivity, er is the failure strength, v is the Poisson ratio, 
E is Young's modulus, and a is the thermal expansion coefficient. Of the candidate 
carbide ceramic materials (SiC, BjC, TiC), SiC has the highest thermal-shock resis
tance (M = 3471 W/m for SiC; M = 2912 W/m for B.,C; M = 1551 W/m for TiO) [14]. 
Although some nitrides (A/N, BN, SisN.i) have higher thermal-shock resistance than 
carbides, their applications are limited because of their relatively high equilibrium va
por pressures (< 10 3 Pa) as compared with carbides (< 10 l u Pa). Oxide-based ceramics 
(A^jOrj, BeO, MgO) are generally not considered for structural applications because of 
their low thermal-shock resistance, which is due to relatively low thermal cor^uctivity 
and relatively high expansion coefficient of oxides. 

Two different approaches are being pursued to enhance toughness and to prevent 
the catastrophic failure mode of ceramics: (1) developing high-performance monolithic 
ceramics, and (2) developing reinforced ceramic composites. The first approach con
centrates on enhancing the properties of so-called high-performance ceramics by various 
techniques including: (1) controlling ceramic material purity, (2) developing manufactur
ing processes aimed at reducing fabrication-induced flaws, (3) minimizing volume changes 
that occur during manufacturing, (4) developing near net-shape processing techniques, 
(5) improving sintering aids, and (6) developing transformation and particle-toughened 
ceramics [12]. Remarkable improvements in ceramic properties have been achieved over 
the past decade; however, the use of high-performance ceramics is primarily limited to 
small-size components and slow manufacturing processes. 

The second approach used to enhance performance characteristics of ceramics involves 
reinforcing the ceramic matrix with a second phase material. Reinforcement of ceramics 
is accomplished with an orderly dispersion of short or continuous fibers in the matrix. 
Although fibe-s are generally made from the same material as the matrix, for certain 
applications different materials are chosen. Strength of ceramic materials is increased by 
transferring the load from the matrix to the fibers, which takes advantage of their superior 
tensile strength. Fracture-toughness values for ceramic matrix composites (CMCs) are 
very high because energy is absorbed as fibers are pulled out of the matrix causing crack 
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deflection, arrest, or blunting. Figure 8.2-1 compares the typical stress-strain curves for 
monolithic SiC and unidirectionally reinforced SiC-composite materials. The fracture 
toughness of a material is directly proportional to the area under the stress-strain curve 
and it represents the energy required to fracture a material. The figure clearly shows the 
large improvement in fracture toughness of composites over monolithic SiC. The strain 
tolerances of SiC composites greatly exceed those of monolithic ceramics. Strain values 
above 2.5% are routinely measured for such composites [15), whereas monolithic SiC 
exhibits strain values of less than 0.1% at initiation of fracture (Fig. 8.2-1). 

Catastrophic fcilure of monolithic ceramics is due to rapid and uninhibited propaga
tion of cracks through the ceramic. With proper tailoring of the interface between fibers 
and matrix, cracks moving through the matrix have to propagate around the fibers. As 
more stress is applied, more and more macrocracks appear in the matrix until finally the 
tensile load is applied to the fibers alone. Finally, as stress and strain are increased, the 
material ultimately fails because of cumulative fiber fracture. By proper microstructural 
design of ceramic composite materials, an ideal stress-strain curve behavior, i.e., a metal-
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F i g u r e 8.2-1- Stress-strain curve of a 2-D, flat (unidirectional), SiC-fiber-reinforced 
SiC-matrix composite [15]. 
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like stress-strain behavior, ultimately can be achieved. Such ideal stress-strain curves for 
SiC composites have been observed by various researchers [15, 16] (see Fig. 8.2-1). 

Silicon-carbide fibers are generally used to reinforce SiC matrix ceramics. Silicon-
carbide fibers have excellent strength (between 2 and 3 GPa tensile) and provide near 
perfect material compatability with the host bulk material, i.e., expansion coefficient. 
Silicon-carbide fibers are stronger than oxide fibers at room temperature and retain 
more of their strength at high temperatures [17], whereas oxide fibers are stifFer at room 
temperature but lose their stiffness advantage above about 1100 CC. Silicon-carbon fibers 
are manufactured by using the chemical-vapor-deposition (CVD) process to deposit SiC 
onto an ~5-/nm-diam substrate filament made of C or W, or by baking a multifilament 
polycarbosilane (PCS) yarn to form an SiC fiber. The CVD fibers have diameters in 
the range of 140 /jm while PCS fiber diameters are in the 10- to 20-//m range. Both are 
manufactured as endless fibers. 

Table 8.2-1 lists some typical properties of SiC fibers. Currently efforts are underway 
to improve the stochiometry of SiC fibers, i.e., reduce excess oxygen and/or nitrogen 
found in most commercially available SiC fibers. Rovings, or yarns, of SiC contain about 
500 to 1000 fibers. These yarns are used primarily for weaving or braiding composite pre
forms. The properties of yarn are different from those of individual fibers (Sec. 8.2.1.5). 

8.2.1.1. Fundamental differences between metals and ceramics 

Bonding. The fundamental difference between metals and ceramics is bonding type. 
Metallic-type bonds are a result of communal ownership of valence electrons. In ceram
ics, sharing and/or exchange of electrons occurs chiefly between close neighbors because 
chemical (ionic or covalent) bonds predominate. The configuration of dissimilar atoms 
in ionic or covalent bonds dictates and, therefore, affects the stability and properties of 
ceramics on a localized basis. In metallic alloys, on the other hand, the stability and 
properties depend in large measure on the average, rather than local, distribution and 
position of dissimilar atoms (alloying of metals to achieve desired properties is based on 
this principle). Therefore, while small changes in constituent concentrations of metallic 
alloys can significantly affect properties throughout the metal, local changes in ceramic 
constituents are generally reflected in localized property changes. The covalent bond be
tween Si and C, in SiC, is seen to lead to a local order and coordination (on an atomistic 
level) that are as characteristic of ceramics as the orderly arrangement of atoms through
out the whole crystal is of metallic alloys {microscopic level). This means that the same 
local order and coordination are often preserved in spite of the various polymorphic and 
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Table 8.2-1. 
Mechanica l and Phys ica l P r o p e r t i e s of SiC F i b e r s [18] 

Property PCS SiC<a> CVD SiC<*> 

Diameter (jim) 9 - 1 5 100 - 140 

Length Endless Endless 

Tensile strength (GPa) 1.9 - 3.0 2.5 - 3.7 

Young's modulus (GPa) 180 - 200 380 - 420 

Density (10 3 kg /m 3 ) 2.55 - 2.58 3.4 - 3.5 

Thermal expansion coefficient ( 1 0 - 6 K - ' ) 3.1 4.2 - 4.5 

(a)Polycarbosilane-derived fibeis. 

W Chemical vapor deposition of fibers. 

polyphase transformations that ceramics undergo during processing. (Polymorphism is 
when a material occurs in different forms, such as carbon existing with crystal structures 
of graphite or diamond.) Past and present uses of ceramics are largely dependent on this 
local invariance. 

Contrary to metals, ceramics consist of two or more anion and cation lattices embed
ded into each other (SiC, BN, TiC, WC, A * 2 0 3 , MgM204, Y 3 A^ 5 Oi 2 ) . The existence 
of multiple lattices, coupled with a high degree of directionality in ceramic crystals, will 
significantly affect the response of ceramics to neutron irradiation. For example, to form 
a complete and stable SiC vacancy, both a silicon atom and a neighboring carbon atom 
have to be displaced permanently from their positions. As a result, radiation damage 
in ceramics will lead to a non-stoichiometric ratio of displacements (atomic masses and 
displacement energies are different for each chemical species constituent). In addition, 
the multiple anion and cation lattices will affect the various charge states in which dif
ferent point defects can exist. Because of these fundamental differences between metals 
and ceramics, neutron irradiation of ceramics generally results in the formation of higher 
numbers of unstable defects than in metals. Thus, ceramics may have a higher tolerance 
to displacive radiation than metals have. In this section, ceramic irradiation data that 
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validate this point to some extent are reviewed. However, far more research is needed 
to understand many of the unknown fundamental phenomena of ceramic response to 
irradiation. 

F r a c t u r e mechan i sms . Metals also differ from ceramics in that they are capable of 
plastic deformation resulting in ductile fracture (i.e., significant deformation before fail
ure). Ductile fracture is associated with plastic behavior of metals. Plastic deformation 
consists of a slip, or glide, of one part of the body over the other and is mostly determined 
by the nature and stability of the crystal structure. At the onset of plastic deformation, a 
single metal crystal, subjected to axial pull, splits into several parts which glide over each 
othfcr. In covalent or ionic bonded crystals, the initial splitting of the crystal requires 
more energy and, thus, crack initiation in ceramics requires more energy than in metals. 
However, crack propagation is more difficult in metallic solids than in ceramics because 
of the energy absorbed during plastic deformation around the crack tip in metals. 

Ceramics are subject to brittle failure (i.e., elastic deformation up to the breaking 
point). The inability to plastically deform (i.e., breakup of the crystal followed by sliding) 
is the primary characteristic of the brittle response of ceramics. In ceramics, it is the 
presence of cracks having sizes larger than a critical value that results in uninhibited 
crack propagation (catastrophic failure). In all circumstances it is the largest crack 
that constitutes the weakest link in brittle fracture and the crack concentration per unit 
volume is rather immaterial. Statistically, there is a greater probability of finding large 
cracks in a large body than in a small one. Therefore, as a rule, large samples of bulk 
brittle material fracture at a lower stress than small ones. It should be noteu that 
the primary advantage of composites over bulk ceramics lies in the ability to obstruct 
matric crack propagation. The fracture toughness of composites does not rely on the 
toughness of the matrix but on the interaction of matrix cracks with the fibers, or any 
other reinforcing network. 

8.2.1.2. Irradiation effects on bulk ceramics 

Solids exposed to neutron irradiation will undergo displacement damage, the effect of 
which is defect generation (e.g., dislocations, vacancies, depleted zones, voids, transmu
tation products, formation of precipitates, and bubbles). Since the properties of metals 
depend mostly on the average distribution of atoms, relatively small changes in con
stituent concentrations can have significant effects on the overall mechanical properties 
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of the alloy. Thus, a small percentage of "burnup" can have drastic effects on global prop
erties. In ceramics, however, burnup will primarily affect mechanical properties more on 
a local scale. Therefore, ceramics should in general be more tolerant than metals to 
burnup. 

The effect of defect formation on mechanical properties is due primarily to an increase 
in the population of slip and glide barriers, resulting in irradiation hardening of the 
material. The yield and tensile strength of the exposed material increases, while the 
ductility decreases. In metals, the primary cause of irradiation hardening is due to the 
formation of obstacles to slip bands. In ceramics, it is believed that defect formation slows 
crack propagation. Significant losses in metal ductility may occur because of neutron 
exposure, while ceramics, not being ductile to begin with, mostly exhibit some increase 
in strength as a result of displacement damage. 

In examining the effects of elevated-temperature neutron irradiation on fracture tough
ness of ceramics, Clinard et al. [19] made measurements on spinel (MgA£ 2Oi), Y.iA^sO^, 
and A ^ 2 0 3 crystals exposed to neutron fluences of 1 — 2 x 10 2 6 n / m 2 at 925 and 1100 K 
(this fluence was estimated to be equivalent to a full power year of exposure at the first 
wall of a 2-MW/m 2 fusion reactor). A slight increase in toughness of MgA^20.i was 
observed and attributed to interaction of cracks with strain fields around dislocation 
loops. No significant change was noted for Y 3 A£ 5 0i2, despite the presence of a Mgh 
concentration of unresolved defect clusters. Fracture toughness of Ai^Os was markedly 
increased, with the enhancement apparently attributable in large part to impedance 
of crack propagation by interaction with the irradiation-induced void lattice. Irradi
ation hardening of A f 2 0 3 was on the order of 2.1 times that of unirradiated sample 
strengths. The irradiation-induced toughening of spinel resembled the increased tough
ening of coherent-precipitate-strengthened spinel [20] and of dispersed phase-toughened 
glass. In all cases, the damage microstructure was characterized by a high concentration 
of aligned small voids [19]. Crack morphology clearly demonstrated that before irradia
tion, the cracks were featureless and straight; whereas in the irradiated material, cracks 
underwent void intersection, changes in direction, jogging, and branching. In studies of 
crack/pore interaction in glass, attraction of cracks to pores, ciack impedance, segmen
tation, and change are the fundamental processes that cause toughening of glasses [21]. 
In summary, several possible mechanisms have been proposed to explain toughening of 
ceramics: void-arrested-crack mechanism [22], crack deflection mechanism [23, 24], and 
a mechanism associated with the mismatch of expansion coefficients or elastic modulus 
with second phase particles [25, 26]. Neutron irradiation can induce a combination of 
these toughening mechanisms in ceramic materials. 
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Impact of manufacturing process. Certain ceramic manufacturing techniques use 
sintering aides that remain as second phase solutes in the matrix. Since the existence of 
finely dispersed solutes clearly affects the microstructural response, the effects of irradi
ation on SiC may vary substantially depending on which SiC ceramic is used. Therefore, 
the interpretation of d^la from SiC irradiation studios must tnke into account the man
ufacturing process and the selected sintering aids. 

The effects of neutron irradiation on several differently prepared SiC materials have 
been reported |27-32], Mechanical properties such as flexural strength and Young's mod
ulus of single-phase pyrolytic SiC were not significantly changed after exposure to a neu
tron fluence of 1.2 x 10 2 0 n / m 2 and irradiation temperatures of 1020° C [27,28]. However, 
reaction-bonded SiC shows about a 50% reduction in fracture strength after exposure to 
10 to 30 x 10 2 1 n / m 2 at 450 and 650 °C. The strength of reaction-bonded SiC initially 
drops rapidly when first exposed to neutron irradiation, after which the loss of strength 
levels off and even recovers slightly when the fluence reaches 6 x 10 2 5 n / m 2 . A similar 
drop followed by recovery was also measured for the Young's modulus [28, 29]. Self-
bonded SiC shows a 25% decrease in fracture strength when irradiated to 2 x 10 2 1 n / m 2 

at temperatures below 400 °C, while at 1200 °C the decrease is only about 10% [30]. The 
strength distribution of CVD high-density /3'SiC was virtually unchanged by irradiation 
at between 540 and 740 °C after exposure to about 2 x 10 2 0 n / m 2 [33]. In comparison, 
sintered SiC showed a reduction of 34% in mean strength, and reaction-bonded SiC 
suffered a 58% reduction. 

More recently, the effects of three different sintering aids on mechanical properties 
of neutron-irradiated SiC v.,as investigated [32]: reaction-bonded SiC containing about 
9% free Si; pressureless-sintered SiC with about 1% each B and C; and hot-pressed 
SiO having about 1% BeO. Irradiation temperatures were between 280 and 600 °C and 
the maximum fluence was about 6 x 10 2 ; n /m 2 . Regardless of SiC type, the amount 
of increase in length of the irradiated samples decreased as the irradiation temperatures 
increased. Annealing of all irradiated samples to temperatures as high as 1000 D C showed 
drastic reductions of the neutron-irradiation-induced length changes. Regardless of the 
amount and kind of sintering aid used, the temperature at which annealing-induced 
length reduction begins is the same. This indicates clearly, as pointed out in earlier years 
by Matthews [29], that the dimensional changes in neutron-irradiated SiC are primarily 
due to interstitial vacancy interaction and not the presence of helium. Boron, C, and 
BeO generate far more helium in the irradiated samples than is generated in SiC that 
contains excess Si. If helium bubbles had formed, they would have drastically affected 
the annealing temperature limits for recovery of neutron-induced length changes. Of the 
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three samples, only the BeO-containing SiC showed a 10% increase in strength, while 
the other two samples suffered decreases. Helium transmutation production in SiC is 
discussed in more detail later. 

Dimensional changes. It is well-known that the swelling of SiC saturates at flu-
ences x>{ about 2 x 10 2 ! n / m 2 and that it depends on the irradiation temperature up to 
about 1000 °C (34, 35]. Consistent with earlier reported data [36]: Price (27] showed that 
radiation-induced expansion of SiC saturates and becomes independent of exposure after 
about 1 — 3 x 102"1 n / m 2 for temperatures below 1000 °C. Both of these findings, the sat
uration of expansion and the decrease in expansion with rising irradiation temperature, 
are typical of other isotropic or near-isotropic ceramic materials such as BeO, A^jO.-j, 
and MgO (37]. Irradiation of SiC at temperatures above about 1250 °C resulted in void 
formation and did not saturate up to a fluence of 1 x 10*G n/m* (27, 38], Production 
of thermal vacancies has been suggested as the primary mechanism for the increase in 
swelling above 1250 "C |39], 

Behavior of helium in S iC. The primary effect of helium generation is the formation 
of helium-filled bubbles inside the matrix material. In metals this leads to a drastic re
duction of ductility known as helium embrittlement. Because boron was used extensively 
as a sintering aid in manufacturing reaction-sintered SiC and because boron has a high 
(n,a) cross section, some data on the effects of transmutated helium on the microstruc-
ture of neutron-irradiated SiC is available (31,32,39-42]. However, the amount of helium 
generation was not measured directly in any of the studies. There is no evidence of 
voids or helium bubbles in any of these experiments, even after helium-ion irradiation at 
1000°C with 30-keV He-ion beams [43]. Only after heat treating the irradiated samples 
to well above 1500 "C does the formation of voids and/or bubbles becomes apparent. 
The absence of helium bubbles at low»?r irradiation temperatures (< 1000°C) has been 
attributed to the presence of neutron-irradiation-created helium sinks inside SiC [41] and 
lack of mobility of vacancies at low temperatures [41]. The helium sinks were identified as 
dislocation loops, which do not anneal even at temperatures that melt one of the bonding 
phases '41]. A stable neutron-irradiation-induced dislocation network most likely causes 
the absence of voids and/or helium-filled bubbles at temperatures below about 1000 °C. 

A study aimed at understanding the effects of helium transmutation products in SiC 
was conducted by Hojou [43]. Electron microscopic observations were performed on de
fect structures in polycrystalline SiC irradiated to 300 and 1000 K with 30-keV He ions 
to fiuences from 10 1 8 to 10 2 1 ions/m 2 (which corresponds to --0.14 to 14 dpa). At lev.' 
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temperatures, aligned planar defects (not voids or bubbles) were observed, and above 
1 dpa, damage amorphatized regions were detected. At 1000 K irradiation temperature, 
no amorphatization was seen; however, extensive recrystallization was observed. It is 
speculated that at high damage doses and elevated temperatures, the amorphous struc
ture first forms but is consequently annealed out through the rearrangement of atoms 
by thermal agitation. This may have been the cause for the formation of recrystal-
lized regions which tend to be relatively crack free. This would mean that a certain 
level of reconstruction of damaged zones can be anticipated. In particular, several SiC 
neutron-irradiation experiments [28, 29, 40] indicate various degrees of recrystallization 
(self-healing). 

As pointed out, boron is used frequently as a sintering aid during the manufacture 
of SiC. Boron has a high helium-generation cross section and, therefore, is used to sim
ulate anticipated helium-generation rates at low neutron fluences. Howe-.er, the major 
drawback of B doping is that B tends to cluster (i.e., segregate at or near the grain 
boundaries [42]), which can have a major effect on mechanical properties of SiC. Boron 
clustering causes misfit strains between SiC and B [29, 32) and results in the forma
tion of microcracks at grain boundaries. Therefore, caution must be exercised in future 
experiments that utilize high B concentrations in SiC. 

High he l ium-genera t ion r a t e s . High helium-generation rates in a fusion-reactor SiC-
composite first wall (about 2000 appm per MWy/m^-neutron wall loading) will cause 
the formation of helium bubbles even at low irradiation temperatures (< 1000°C). The 
following is a discussion of the anticipated behavior of helium in SiC and the effects 
of possible helium bubbles on SiC properties. Because the large (n,a) cross section 
of B could initiate the formation of helium bubbles at relatively low fluences, results 
from boron carbide (B.,C) experiments are drawn upon. One study of helium bubble 
formation in B|C [44] substantiates some of these claims. After the transmutation to 
about 1.6 at. % helium content (irradiation temperature at 800°C), the following general 
conclusions were draivn [44] : 

1. Point defects did not agglomerate in clusters but are accepted in large numbers and 
in stable form in the structure. 

2. Helium agglomerates in a plate-like geometry (unlike metals where mostly spherical 
bubbles form). 

3. The plate-like helium-filled geometries are the only visible form of irradiation-
induced damage. 
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4. Alignment of these helium plates along strings, coupled with strong strain fields 
around the plates, generated transgranular microcrackmg {crack/pore interaction; 
note that microcracking of ceramics does not necessarily constitute failure). 

5. Intergranular microcracking occurred although no helium was found between grain 
boundaries. 

6. Point defects, when present at sufficient concentrations, can interact with and cause 
stress relaxation around the helium plates. 

Although not fully conclusive, the above results clearly indicate two points: (1) ce
ramic materials may be more radiation-damage resistant than metals, and (2) the creation 
of helium-filled plates (the number density of which saturates at a specific material and 
temperature-dependant value) can result in an increased fracture toughness of ceram
ics. The possibility of developing ceramic materials that are highly resistant to radiation 
damage was demonstrated by Parker et al. [45]. Polycrystalline aluminum oxynitride 
(ALON) spinel, A£N(A^20 :j):2, was irradiated with 0,8- and 1-MeV electrons in a high-
voltage electron microscope over a temperature range of 300 to 1100 K for up to 2 hours. 
No defect aggregation was observed at any temperature, through either thick or thin 
sections. The lack of any dislocation loops was attributed to the existence of a high 
density of recombination centers. No one has ever reported dislocations in ALON [45]. 
However, the investigation of irradiation effects combined with high helium generation is 
an essential R&D requirement for developing ceramic materials for fusion applications, 
particularly since most of the available data has been accumulated from "off-the-shelf 
ceramic materials. Because no special tailoring of ceramics for fusion applications has 
been done, comparing the irradiation response of today's ceramic materials to those of 
metallic alloys can be misleading. It is important to remember that many of the favorable 
characteristics of today's nuciear metallic alloys were developed over several decades of 
relatively intense R&D efforts. 

8.2.1.3. Irradiation effects on SiC fibers 

Although effects of high-fluence neutron irradiation on bulk SiC have been reported, 
only low-fluence neutron-irradiation experiments on SiC fibers have br-en made [47]. 
Two types of SiC fibers were irradiated at temperatures below 300 °C to fluences of 
2 x 10 2 3 n/m' J with E > 1 MeV in JMTR and 7 x 10 J 1 u/m2 with E = 14 MeV in RTNS-
II. The SiC fibers differed only in their heat treatment prior to irradiation. The fibers 



8-22 FUSION-POWER-CORE ENGINEERING 

were obtained by heating polycarbosilane precursor fibers at 1000 and 1300"C forming, 
respectively, amorphous and microcrystalline /3-SiC fibers. Tensile strength and X-ray 
radial-distribution analyses were made on the SiC fibers to determine the neutron irradi
ation effects. Radial distribution functions of unirradiated and RTNS-II-irradiated SiC 
fibers were nearly the same, while those irradiated by JMTR differed only slightly from 
unirradiated ones. The tensile strengths and Young's moduli of both amorphous and mi
crocrystalline fibers were not changed when irradiated with 14-MeV neutrons in RTNS-II. 
However, the two fibers behaved differently when exposed to the fast neutron spectrum of 
JMTR. The mechanical properties of the amorphous fibers were hardly affected, except 
for a rise in the tensile strength at the highest fluence. The tensile strength and Young's 
modulus of the microcrystalline fibers tend to increase with neutron fluence. Scanning-
electron-microscopic investigations showed no change in the surface morphology. In addi
tion, fibers irradiated in air did not show any indication of radia'.ion-enhanced oxidation, 
a phenomena thought to be responsible for loss of strength in various air-irradiated car
bon fibers. 

Measurements of properties of irradiated SiC fibers after removal from SiC-fiber/Af-
matrix composites have also been reported [46], The fibers were exposed to 1 x 10 2 : ' n / m 2 

fluence of fast neutrons at 723 K. The average tensile strength of the fibers increased from 
~-2A to -»3.9 GPa, Exposure to a mixed-neutron-energy spectrum increased the duc
tility of fibers by about 30%, while fast-neutron-exposed fibers showed a small ductility 
decrease. The Young's modulus of the mixed-spectrum-exposed fibers changed little but 
that of the fast-neutron-exposed fibers increased by about 31%. The authors concluded 
that the SiC fibers showed excellent stability under neutron irradiation. 

Although the neutron-irradiation data base is extremely small, SiC fibers do not show-
any inherent or drastically adverse response to neutron-irradiation damage. 

8.2.1.4. I r r ad ia t ion effects on ceramic m a t r i x compos i tes 

It is important to state that the primary advantage of ceramic-matrix composite 
(CMC) materials over bulk ceramics lies in the ability to obstruct matrix creek propaga
tion. The fracture toughness of CMCs does not rely on the toughness of the matrix but 
on the interaction of matrix cracks with fibers, or any other reinforcing network. The 
effect of possible microcracking of the matrix due to formation of helium-filled plates or 
bubbles does not constitute failure of CMCs. Note, for example, that the graphite matrix 
of high-strength C/C composites is for the most part entirely microcracked. Matrix mi-
crocracking is caused by large residual stresses generated during the cool-down phase of 
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manufacturing. Thus, even though the matrix is microcracked, the C/C composites ex
hibit strength and fracture toughness far superior to those of SiC composites (the matrix 
of SiC composites is not entirely microcracked but contains about 5% to 10% porosity). 

In summary, the response of CMCs such as SiC composites to neutron irradiation is 
not known at present. Based on a limited number of neutron irradiation experiments on 
bulk SiC and on SiC fibers, the following observations can be made: 

• The presence of a second lattice, and the additional stoichiometric point-defect 
constraints, distinguish the radiation-damage response of ceramics from that of 
metals. Both the lattice and stoichiometry effects are likely to mitigate radiation 
damage in ceramics. 

• Dimensional changes in SiC saturate around 3 x 10 2 1 n / m 2 for irradiation temper
atures below 1200 °C. 

• Voids rr.d helium bubbles have not been reported in neutron-irradiated SiC for 
temperatures below 1200°C, 

• Irradiation-produced dislocations inside the SiC matrix seem to be the primary 
trap sites for other irradiation-produced defects (including helium atoms), thus 
formation of voids or bubbles is impeded. 

• Silicon carbide will probably withstand a much higher burnup than metallic alloys 
because of the polycrystalline nature of ceramics. 

• In the event that high helium-generation rates lead to the formation of helium-filled 
bubbles, these bubbles will have a pronounced effect on crack behavior. Crack/pore 
interactions in glasses and other ceramics have been shown to increase the fracture 
toughness of these materials. 

• Amorphatisation followed by a rearrangement of atoms at high irradiation tem
peratures (900°C) can cause recrystallization. Recrystallization generally causes 
loss of strength in metallic alloys but "heals" cracks in ceramics, which enhances 
strength. 

• SiC fibers have shown irradiation-hardening behavior when exposed to a mixed-
neutron-energy spectrum, while low-fluence 14-MeV exposure has not produced 
any measurable changes in mechanical properties. 
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• The fundamental characteristic of CMCs is the interaction of matrix cracks with 
the reinforcement network. Furthermore, radiation damage effects of ceramics have 
shown low-fluence saturation levels that are dependent on ceramic type and temper
ature. Therefore, radiation damage in CMC materials is not expected to drastically 
affect the mechanical properties. It is believed that, following radiation damage, a 
certain degree of fracture toughness improvement can be expected in CMCs. 

These observations indicate that it is not unreasonable to postulate that CMCs might 
out-perform metallic alloys when it comes to fundamental radiation-damage effects. How
ever, bulk-ceramic-material test results do not fully describe the response of mechanical 
properties of CMC materials to neutron irradiation. Therefore, it is obvious that neutron 
irradiation experiments on SiC composites (and other CMCs) are necessary in order to 
understand the response of this material to neutron irradiation. 

Lifetime of SiC compos i t e s Based on the above discussion, it is argued that SiC 
composites may be able to withstand a damage dosage well above the tolerable levels 
of metallic alloys. However, the ARIES-I team has opted to use the same approximate 
lifetime criterion as is commonly suggested for metallic alloys, namely about 200 dpa. 
No experimental data exist for the displacement-damage threshold energy of neutrons in 
SiC. Estimated correlations between neutron fluences and dpa have been reported [41]. 
A fluence of 1 x 102 f i n / m 2 with neutron energies above 1 MeV results in approximately 
2.6 dpa, while at energies of 0.18 MeV, fluences of 7.3 to 8.1 x 10 2 6 n /m 2 result in 17 
to 20 dpa in SiC. The SiC displacement-damage energy was calculated to be 25 eV [48]. 
Based on this displacement damage energy, a dpa rate of 11 per MWy/m 2 was calculated 
for an SiC-composite first wall, resulting in a lifetime of about 18 M W y / m l 

8.2.1,5. Properties 

Ceramic composite materials are still in their developmental infancy (5 to 10 years) 
and, consequently, thermomechanical data are still limited. Typical thermoinechanical 
properties of 2-D, flat, SiC composite are given in Tables 8.2-II and 8.2-I1I. Silicon-
carbide composite materials exhibit good mechanical strength at the high temperatures 
(>1000 C C) associated with a high strain-to-failure value. These composites are resistant 
to high-temperature thermal shock and thermal cycling. They need very high energies 
for crack propagation, with increasing values when damaged regions extend. Thus, SiC 
composites are potentially damage-tolerant ceramics that do not suffer from catastrophic 
failure behavior. 
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Table 8.2-II. 
Laminated SiC-Composite Properties' 8 ' 

Temperature (°C) 
Property 23 1,000 1,400 

Fiber content 40% 40% 40% 
Specific gravity 2.5 2.5 2.5 
Porosity 10% 10% 41% 
Tensile strength (MPa) 200 200 150 
Elongation, tensile 0.3% 0.4% 0.5% 
Young's modulus, tensile (GPa) 230 200 170 
Poisson's ratio 

V12 0.05 NA NA 
V13 0.18 NA NA 

Flexural strength (MPa) 300 400 280 
Compressive strength (MPa) 

In plane 580 480 300 
Through the thickness 420 380 250 

Interlarainar shear strength (MPa) 40 35 25 
Thermal expansion coefficient (10~ f '/K) 

In plane 3.0 3.0 NA 
Through the thickness 1.7 3.4 NA 

Thermal conductivity (W/K-m) 
In plane 19 15.2 NA 
Through the thickness 9.5 5.7 NA 

Fracture toughness (MPa-m' / 2 ) 30 30 30 
Specific heat (J/K-kg) 650 i,200 NA 
Total emissivity 0.8 0.8 0.8 

'"^SiC composite laminates made with 0/90 balanced NICALON fabric; 
coupons were tested both in atmosphere and in air for short exposure time [49]. 
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Table 8.2-III. 
Two-Dimensional, Flat, S iC-Compos i t e Properties [16] 

Density (kg/m 3 ) 2,400 

Tensile strength (MPa) 250 

Strain at failure (%) 8 

Bending strength (MPa) 

27 °C 320 

500 °C 350 

1000 °C 380 

Thermal conductivity (W/K-m) 

27 °C 25 

500°C 19 

1000 °C 18 

Fracture toughness (MPa-m 1^ 2) 

27°C 26 

500 °C 27 

1000 °C 27 

Thermal shock resistance'"^ (MPa) 

27°C 320 

500 °C 300 

1000 °C 280 

'"'Sample is heated to indicated temperature then dropped into cold water; 

the remaining bending strength is measured at room temperature. 
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Most 3-D, reinforced SiC composites are either products of classified developments 
or are proprietary of an industry. Therefore, because of the lack of public data, thermo-
mechanical properties of these composites have to be estimated using micromechanical 
design equations. These equations are based primarily on the rule of mixtures. The input 
to the equations consists of constituent material (i.e., matrix and fiber) properties. A 
unified set of composite micromechanical equations of simple form is now available [50]. 
These equations can be used to predict tensile, compressive, and flexural strength, and 
impact resistance, fracture toughness, and thermal properties. 

Mechanical properties. The composites industry has developed numerical codes to 
estimate thermomechanical properties of composites as functions of composite character
istics (i.e., fiber volume fraction, matrix void fraction, and fiber orientation). The code, 
CLASS, used for ARIES-I was developed by Materials Sciences Corp. [51]. To avoid an 
overestimation of SiC composite properties, the constituent (i.e., fiber and matrix) prop
erties were chosen very conservatively. Furthermore, no allowance was made for probable 
future improvements in matrix densities above 90%. Also, to reflect the effects of neutron 
irradiation, fiber and matrix neutron-irradiation data were reviewed and used. 

Neutroi irradiation effects on the strength of SiC matrix were incorporated by using 
the truncated and irradiated Weibull distribution function for the tensile strength of CVD 
SiC with a near-zero probability of failure [33]. Samples of CVD SiC were first proof-
tested and then irradiated up to 10 2 6 t i /m 2 with fast neutrons (En > 0.1 MeV). This 
fluence corresponds to about 21 dpa [41, 52], Some samples showed close to 700-MPa 
flexural strength but had a high failure probability. Samples with an average flexural 
strength of about 435 MPa were shown to have a near 100% survival probabi'itj' Noting 
that at 1000 °C many of the irradiation-induced dimensional changes in SiC saturate 
at low fluences of ~0.2 dpa [53, 54] and estimating the tensile strength to be ~80% of 
the flexural strength value, a tensile strength of about 350 MPa is chosen for neutron-
irradiated SiC-matrix material. The effect of temperature on the strength of SiC bulk 
material depends on the manufacturing process and environment. However, up to about 
1300°C, silicon-based carbides show insignificant levels of loss of strength [55]. Thus, 
350 MPa can be taken as a conservative estimate for the high-temperature (lf)00°C) 
tensile strength of neutron-irradiated CVD SiC-matrix material. 

The superior high-temperature strength of SiC fibers is well documented. In partic
ular, the effects of various environments have been studied [18]. In vacuum, SiC fibers 
retain their strength (~1500 MPa) when heated up to 1200°C [17]. Silicon-carbide fibers 
exposed to air lose strength above -~1200 °C, mainly because of fiber surface-oxidation 
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processes. Therefore, care must be taken during manufacturing of SiC composites to 
minimize the amount of trapped oxygen before the CVI process begins. The maximum 
operating temperature for SiC composites in ARIES-I has been set at 1100°C. Below 
this temperature, no degradation effects resulting from high temperature operation are 
expected. 

The effects of neutron irradiation on PCS SiC (NICALON) fibers was investigated in 
Japan as part of the national R&D program aimed at developing SiC composites. Both 
14-MeV neutrons, from the RTNS-II facility in the U.S., and fission reactor neutrons 
were used (46, 47]. Samples were irradiated to fluences of 7 x 10 2 ' n / m 2 (14 MeV) and 
1 x 10 2 3 n / m 2 (fission spectrum). No significant change in the average tensile strength 
(2.7 MPa) or the average flexural strength (1.3 GPa) was measured for irradiation up 
to about 1 x IO 2 ' n / m 2 . At 1 x lO2 - 1 n / m 2 , the tensile strength rises to about 3.2 GPa 
and the flexural strength increases to about 1.5 GPa. However, the average Young's 
modulus rises steadily from an unirradiated-fiber value of 160 GPa to about 215 GPa 
at 1 x 102'"' n /m 2 with a corresponding drop in elongation from 1.8% to 1.6%. These 
preliminary results indicate that SiC fibers have excellent stability under neutron irra
diation. Therefore, for SiC fiber properties, neutron irradiation effects are disregarded 
until a more extensive data base has been developed. 

To use conservative properties of SiC fibers, strength degradation of SiC fibers during 
weaving or braiding processes has to be incorporated. This degradation is caused by 
an increase in surface flaws and also by fiber breakage during preform fabrication. To 
account for this effect, the Weibull distribution of tensile strength of SiC yarns is used. 
Yarns or tows contain between 500 and 1000 monofilament fibers. The strength of SiC 
yarn is about 2 to 4 times less than that of individual fibers. The average tensile strength 
of SiC yarn made from NICALON was measured to be —1400 MPa, while individual SiC 
fibers have average strengths of above 2400 MPa [56]. Using yarn properties instead of the 
superior fiber properties, a tensile strength of 750 MPa is chosen. This value was taken 
from a near-zero probability-of-failure data set compiled by testing over 2000 samples [56]. 
However, aside from strength degradation, SiC fibers and yarus are frequently broken 
during manufacturing of the preform. To account for this, a conservative correction 
coefficient has been formulated [57]. Assuming that 1 out of about every 7 fibers (--17%) 
break during fabrication, a numerical value of 0.5 is estimated as a correction factor for 
the tensile strength of SiC fibers. This factor reduces the effective strength of the SiC 
yarns from 750 MPa to a highly conservative value of 375 MPa. 
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Thermal conductivity. Neutron irradiation can change the thermal conductivity of 
materials. The temperature dependence (25 to 1000 °C) of thermal conductivity for 
various SiC bulk materials exposed to neutron fluences of to 7.7 x 10 J < 1 n / m J was stud
ied [52]. At 900°C, unirradiated samples had a thermal conductivity of 62 VV/K-m. 
However, irradiated SiC samples showed a decrease in conductivity to about 37 VV/K-ni 
after irradiation to a fluence of 8 x 10 2 1 n / m 2 , and to 20 W/K-ra after exposure to a 
fluence of about 8 x 1 0 M n / n r [46, 58]. The drop in thermal conductivity is due to en
hanced phonon scattering caused by radiation-induced defects. The ther••"-'1 conductivity 
of unirradiated samples decreases with increasing temperature, while that of the irradi
ated samples is much less temperature dependent. Therefore, above 900 °C. SiC shows a 
thermal conductivity value approaching that of unirradiated SiC [52, 58]. Thus, although 
irradiated SiC experiences a drastic drop in thermal conductivity at low temperatures, 
at high temperatures radiation-induced microstructurai changes become less significant 
when compared to thermally induced phonon scattering. 

Since the decrease in both thermal conductivity and swelling are due to similar 
k radiation-induced microstructurai chrnges, it is not too speci'lcfcive to assume that 
the decrease in thermal conduclivity will behave like swelling (i.e., saturate at a flu
ence of around 10J"' n / m 2 ) . The experiments on thermal conductivity were performed 
with highly dense, bulk-SIC materials. To evaluate the effective thermal conductivity 
of SiC composites, micromechruiica) equations are used [50]. The thermal conductivity 
is evaluated as a function of the void and fiber-volume fractions in the transverse and 
longitudinal directions of laminated composites. For lack of an analytical approach to 
3-D composites, the laminated composite equations are used For the matrix, neutron-
irradiated (7.7 x 10 2 G n / m 2 with En > 0.1 MeV) SiC thermal conductivity of 20 W/K-m 
was used [58]. The thermal conductivity of SiC fibers at 300 °C was measured to be 
25 W/K-m and 21.8 W/K-m, respectively, parallel and perpendicular to the fibers [59]. 
Neutron-irradiated SiC-fiber thermal-conductivity values are not available. As an ap
proximation, tw>-thirds of the unirradiated-fiber thermal-conductivity values were cho-
s-_-n. The effective thermal conductivity of an SiC composite material with 10% void 
fraction and 60% fiber fraction is estimated to be about 15 W/K-m and 10 W/K-m, 
respectively, in the longitudinal and transverse directions. However, sinco the design 
equations were deve!op°d for laminated composites, a small increase in the transverse 
thermal conductivity value to 12 W/K-m can be assumed. 

Experimental data on thermal condui-tivity of 2-D, SiC-fiber-reinforced CV1 silicon 
carbide have been published [60]. The conductivity was found to depend on the degree of 
densification, and on '.hernial history. The perpendicular- and p^rallel-to-fiber rrienta-
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tions of thermal conductivity values differed by a factor of about 3 at low temperatures, 
while at temperatures above 1000 °C, the directional dependence drops to within a factor 
of 2 or less. The measurements show the thermal conductivity value of the SiC compos
ite to be around 19 W/K-m at 1000°C. Our design equation estimate (~15 W/K-m) 
compares well with measured values. 

Swelling. Neutron irradiation induces atomic displacements that can result ultimately 
in expansion (swelling) of mcst materials. Aside from changing dimensions, irradiation-
induced swelling can significantly influence physical properties. Neutron-irradiation-
induced swelling of bulk SiC material has been investigated since the late 1960s (38, 61]. 
Swelling of SiC saturates at low fluence levels of less than 2 x 10 2 ' n / m z for temperatures 
below 1200°C without the formation of visible voids [35, 38, 61]- The saturation value 
of linear expansion is highest at low temperatures (~0.8% at 200 °C) and falls steadily 
as the temperature rises (~0.05% at 1100°C). Above ~1200°C, swelling increases with 
no apparent saturation value. It is believed that above 1200°C, thermal-vacancy gener
ation rates are high enough to enhance the swelling process [39]. By and large, bulk SiC 
materials show a minimum swelling of less than 1% when exposed to neutron fluences of 
about 1 0 M n /m 2 [9). 

Swelling measurements of SiC fibers have been undertaken recently in Japan [47]. 
Dimensional changes are deduced from density change measurements. Results show that 
swelling of SiC fibers* is sensitive to fiber choice. For example, although some /3-SiC fibers 
showed no change in density, various amorphous fibers had density changes as high as 
5.4% at a fluence of 4.2 x 10 2 5 n / m 2 . These measurements, however, do not reflect the 
effects of expected high helium-generation rate inside SiC during neutron irradiation. 

Neutron irradiation generates gaseous transmutation products such as helium and hy
drogen. In solid;, helium generation is generally associated with swelling because helium 
tends to agglomerate and form bubbles inside the solid. However, the microstructure of 
SiC composite materials differs from solids in that it contains up to 10% porosity and a 
vast network of interconnecting channels along intertwining SiC fibers. The presence of 
interconnecting pathways may provide escape paths for helium atoms that are generated 
in the proximity of the channels. Furthermore, the porosity of the SiC matrix material 
provides pre-exist:ng pores that can absorb helium gases. Alpha-beam irradiation of SiC 
composite coupons has recently been undertaken [62]. Preliminary investigations have 
shown no trace of helium inside the composite, lending some support to the suggested 
effects of composite microstructure on neutron-generated helium behavior. Furthermore, 
it is speculated here that above 900°C, the mobility will be sufficiently high for helium 
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atoms to reach the abundant interconnecting network of cracks and open porosity. Con
sequently, helium trapping and, therefore, swelling due to helium-atom agglomeration 
would be minimized. 

In summary, SiC composites promise low swelling rates below 1200 °C. However, 
because there is no data base on the effects of large helium generation in SiC on swelling, 
it is difficult to go beyond speculative assumptions. Clearly, R&D efforts in this area are 
most necessary. 

Light ion erosion. Plasma-facing material must be able to withstand both physical 
and chemical sputtering. At temperatures between 900 and 1100 K, graphite has high 
chemical sputtering yields when exposed to hydrogen ions. In this temperature range, 
the chemical sputtering yield of graphite is about one order of magnitude higher than the 
physical sputtering yield [63], Silicon carbide shows practically no dependency in sput
tering yield as a function of temperature [64]. In fact, the use of SiC has been suggested 
as a protective material for graphite tiles to avoid chemical sputtering. Figure 8.2-2 indi
cates the sputtering yield of SiC with H, D, 4 He, and T. These measurements were made 
at fluences well above 10 2 3 particles/m2 at temperatures ranging from 20 to 1100 °C [64], 
Thi6 indicates that chemical sputtering is not a problem for SiC materials [65]. 
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Blis ter ing and flaking. Blistering is a concern for surfaces exposed to helium bom
bardment, First, helium atoms are implanted into the surface. Then the helium atoms 
migrate to trapping sites and eventually cause bubble foimation underneath the surface, 
leading ultimately to blistering and flaking of the surface. Although blistering and flak
ing is a major concern for many metallic alloys, the few experimental results with SiC 
indicate that it can be avoided entirely in this material [66, 67]. 

To study the implantation profiles of low-energy helium in SiC, samples were im
planted with helium ions ranging in energies from 1 keV to 20 keV [66]. After implan
tation, the trapped helium concentration was measured by sputtering off surface layers. 
The experiments indicate that the majority of implanted helium diffuses from its initial 
profile back to the surface. At high fluences (above ~2.6 x 10-" ions/m^), most of the 
implanted helium is found to escape from the surface. This avoids the accumulation of 
implanted helium and, thus, erosion loss of surface layers due to blistering and flaking 
drops drastically. 

In a similar experiment it was shown that flaking of CVD SiC is completely avoided 
when the target is pre-bombarded with a continuous energy distribution of helium ions 
( ^ 1 0 i l ions/m' at 600°C) [67]. However, when bombarding the samples with mono-
energetic helium at room temperature, the SiC surface becomes highly porous a:-.d can 
be removed easily. This implies that irradiation of C\'D SiC at elevated temperatures 
with helium ions having a continuous energy distribution produces pathways for gas 
release. Experiments using a Maxwellian distribution with an average energy of 3-keV 
helium ions also resulted in no blistering and flaking of the CVD SiC. 

Although the experiments performed used helium ions in the keV energy range, the 
results are encouraging. At lower energies, the implantation depths will be smaller and 
the mean distance for helium atoms to reach an open surface will be shorter. These 
experiments indicate that the 2-mm-thick CVD SiC layer on the ARIES-I first wall will 
have ample resistance to erosion caused by helium bombardment. 

H y d r o g e n r e t t n t i o n . The ARIES-I first wall is exposed to H, D, and T bombard
ment from the plasma. Experiments were performed to measure the retention, of H and 
D implanted into SiC crystals [68]. Hydrogen was implanted at 13 keV and deuterium 
at 10 keV, with implantation fluences up to -~ 10 r i ions/m"' at room temperature. For 
10-keV D + , the depth profile peaked around 1000 A. Following implantation, the crystal 
was annealed at different temperatures. After annealing the sample at 700 °C for 10 min
utes, little deuterium was released. Above 700 D C, the amount of retained deuterium 
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drops sharply. While up to 700 °C almost all of the implanted deuterium is trapped, at 
1200"C all of the deuterium is released. The ARIES-I first-wall surface temperature is 
1000 °C. At these temperatures it is assumed that implanted deuterium or tritium ions 
will be mobile enough to avoid lon^-term trapping inside the surface layer. Further
more, escape paths are continuously produced by helium bombardment [68] and neutron 
irradiation. These pathways will further enable the release of implanted gaseous ions. 

8.2,1.6. Maximum-a l lowable des ign-s t ress c r i t e r ia 

The CLASS code [51] was used to estimate the tensile strength of SiC composites 
with a ply orientation pattern of -45"/0°/45°/90° as a function of fiber volume fraction 
and matrix void fraction (a ply is a layer of parallel-oriented fibers}. Figure 8.2-3 shows 
estimated longitudinal strengths of such a composite. Although the strength of the 
composite increases with increasing fiber-volume fraction, a maximum value of 60% is 
generally suggested to ensure adequate flow-path area during CVI of the matrix material. 
Using a safety factor of 2/3, the maximum-allowable primary stress for such an SiC 
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composite having 10% porosity would be around 190 MPa at 1000°C. The choice of a 
safety factor is still arbitrary at present, since there are no firm guidelines for determining 
maximum allowable stresses for ceramic-matrix composite (CMC) materials. Even within 
the commercial sector of the CMC industry, differences of opinion exist. 

Some members of the CMC industry suggest following the ASME Boii^r and Pressure 
Vessel Code, which states that the maximum allowable stress for time-dependent loads 
is the lowest value of 2/3 of the minimum stress to cause rupture, or 80% of minimum 
stress to cause tertiary creep, or the minimum stress to produce 1% strain (all in time, 
t) [69|. For lack of any defined standards for ceramic composites, the 2/3 safety factor can 
be adopted as a cruie measure for maximum-allowable primary stresses. Other CMC 
manufacturers, such as Amercom [70], suggest that the maximum-allowable primary 
stress for CMC materials (i.e., about 140 MPa for SiC composites) should be taken as 
the stress that causes the onset of micro-cracks in the matrix. NASA/Lewis research 
laboratories also suggest thai matrix failure, not composite failure, should be chosen as 
a guideline for establishing a maximum-allowable stress criteria [10]. The reason given 
by NASA is that for many of their applications (such as high-temperature gas-turbine 
components), oxygen ingression has to be minirrized to prevent oxidation and consequent 
weakening of the fiber/matrix interfaces and of the fibers themselves. Based on these 
discussions, the ARIES-I team has adopted 140 MPa as the maximum-allowable design 
stress for primary stresses. 

For lack of any well-defined allowable thermal (secondary) stress criteria, the thermal 
shock resistance of SiC composites is used as a guideline. When heated with a gas 
flame to 1100 °C, SiC composite tubes can withstand a continuous jet of cold water 
without damage [71]. Comparable tests of monolithic SiC tubes immediately result in 
complete shattering of the tubes. Based on the excellent thermal-shock resistance of SiC 
composites, a highly conservative maximum-allowable secondary-stress limit of 190 MPa 
is chosen [i.e., 2/3 the longitudinal ultimate strength). 

Design criteria also involve a maximum allowable temperature based on swelling of 
SiC and strength degradation of the fibers. Bulk SiC material exhibits a minimum of 
swelling at around 1100 °C. Structurally, today's SiC-fiber strength degradation becomes 
significant above 1200°C because of excess oxygen or nitrogen remaining from the man
ufacturing process. Recent developments by the HITCO Company have resulted in the 
manufacturing of near-stoichiometric SiC fibers that ultimately should show very little 
strength degradation above 1200 °C [72]. Thus, a maximum operating temperature of 
1100 °C has been chosen. Properties of the SiC composites used in the ARIES-I design 
are given in Table 8.2-IV. 
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Table 8.2-IV. 
Properties of t h e SiC Composites U s e d in the ARIES-I Design 

Property Composite*"' CVD Layer 

Density (kg/m 3 ) 2,500 3,100 

Young's modulus, E (GPa) 

Ey 

Poisson's ratio, v 

Thermal-expansion coefficient, a ( 10 _ 6 /K) 

Q-x 

as-
Thermal conductivity, k (W/K-m) 

K 
Allowable stress (MPa) 

Primary 

Secondary 

*°'Properties were calculated using the CLASS code [51] with a ply orientation 

pattern of -45°/0 < ,/45°/90°, a fiber volume fraction of 60%, and a void fraction 

of 10%. 

364 320 
360 320 
0.16 0.17 

4.4 4.5 
4.3 4.5 

15 15 
12 15 

140 140 
190 140 
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8.2.1.7. Manufacturing ceramic composites 

The manufacture of fiber-reinforced ceramic composites starts with taking uniform 
arrays of fibers or yarns, putting them iii a weave, cloth, or braid to form a fiber pre
form, and then infiltrating it with ceramic matrix precursors. These precursors could be 
solids, powders in slurries, or liquids (such as polymers), which are then converted to 
ceramics. The other more widely used method of synthesizing ceramic-matrix material 
is chemical vapor infiltration (CVI). Chemical vapor infiltration is performed inside a 
resistance-heated CVI reactor. By decomposing methyltrichlorosilane (CH,-»SiCf-tl gas 
on the surface of the SiC fibers at temperatures around 1000 °C, HC^ gas escapes leaving 
behind SiC matrix. Previously, infiltration times on the order of weeks were necessary 
to produce millimeter-thick SiC-composile materials. However, processes developed by 
General Atomics and by the Oak Ridge National Laboratory reduce infiltration times 
from weeks to about 24 hours [15]. These new CVT techniques form the SiC matrix 
by a comparatively low-stress low-temperature process, avoiding many of the problems 
associated with conventional processes for ceramics manufacturing. 

Mechanical working (e.g., g-inding, drilling, or milling) of ceramics initiates surface 
flaws, resulting in a reduction of strength and toughness of a component. A major ad
vantage of the ceramic-composite manufacturing techniques mentioned above is that the 
result is a near net-shape component that requires only minimal finishing touches, An
other advantage of composites over bulk ceramics is the ability to create large irregular 
solid or hollow shapes. Attachment holes and flanges can be integrated during preform 
weaving without severing fibers, which reduces or eliminates subsequent brazing or bond
ing between component sections. Complex components for missiles, aircraft structures, 
integral hub and blade marine propellers, and liquid-propulsion thrust chambers are now 
routinely manufactured for government or private industry clients [54]. 

Two-dimensional (2-D) composites are manufactured by sandwiching sheets of rein
forced composite layers with a resin material that, upon curing, binds the layers together. 
A major problem encountered in many 2-D composites is interlaminai crack growth lead
ing to delamination, which occurs primarily between layers of such resin-based compos
ites. Three-dimensional weaving followed by CVI of ceramic matrix material eliminates 
the delamination problem. Recent innovations in br&iding and filament winding tech
niques enable higu degrees of accuracy. Currently, 3-D seamless patterns can be lo.*med 
by continuous intertwining of fibers, resulting in damage-tolerant preforms that are resis
tant to interlaminar crack growth and delamination. Computer-aided filament winding 
machines are capable oi controlling individual fiber placement within on« thousandth of 
an inch [54]. This automated, high-speed, filament-winding technique is embodied in 
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a four-axis microprocessor-controlled machine that produces parts that are up to two 
meters in diameter and seven meters in length. 

At present, the shape and size of components is more limited by CVI furnace size 
than by weaving machine capabilities. However, over the past few years, furnace sues 
have been increased from a few 10s of cm in diameter to about 1.5 m in diameter. 
In these reactors, corrugated SiC-composite heat-exchanger panels with dimensions of 
l m x l m x l c m are now routinely manufactured [71]. 

Matrix formation techniques are still under development. The primary goal is to 
enhance matrix densities. Currently, SiC composite? with matrix densities as high as 
90% theoretical density are routinely manufactured. Recent developments by the pri
vate sector have resulted in manufacturing nearly 100%-dense SiC composites by using 
SILCOMP as matrix material [73]. SILCOMP is the trade name for SiC that has been 
reaction-bonded by using fine graphite particles dispersed in pure Si metal. When silicon 
is heated to its melting temperature (1412 °C), it readily reacts with graphite to form 
SiC. The end product of this process is SiC that contains about 8% to 12% free Si. 

8.2.1.8. Manufacturing the ARIES-I Fusion Power Core 

The first-wall and blanket interior of the ARIES-I reactor lends itself quite uniquely 
to current SiC-composite technology. Recent developments by private industry have 
resulted in the manufacture of an SiC-composite heat-exchanger panel that resembles 
the ARIES-I first-wall and blanket configuration [74]. The heat exchanger panel consists 
of a tube-sheet with channels having 6-mm inner diameter and 8 mm outer diamater. 
The weaving machine is programmed to weave an t - t i t e sheel of tubes by serpentining 
SiC fibers from tube to tube. Thus, the tube-sheet is woven as a unit, eliminating the 
need to manufacture and assemble individual tubes to form a panel, which also eliminates 
brazing and the weak points it creates. Furthermore, since flat plates are integrally woven 
to one or both faces of the tube-sheet, later attachment of such plates is unnecessary. 
It should be noted that such a composite iube-sheet is structurally quite different from 
conventional metallic tube banks because welding metallic tubes together changes the 
microstructure of the tube wall in the vicinity of the weld and weakens the individual 
tubes. 

The ARIES-I blanket consists of 17 nested shells, resembling the arrangement of 
conventional tube-sheet metallic heat exchangers. Discussions with General Atomics [75] 
resulted in the following blanket-module construction scenario (Fig. 8.1-6): 
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• The first wall and ali interior blanket shells, with embedded cooling channels, the 
back panels (consisting of inlet and outlet plenum), and the top and bottom panels 
for the blanket-module are manufactured and readied for assembly. 

• The shells are nested into each other starting with the largest (i.e., the first wall) 
followed by the blanket shells. Spacers are used to ensure proper distances between 
the tube-sheets and for ?Ugnment when the tube-sheets are fitted into the back 
panel slots. 

• The back panels of the blanket, comprising the inlet and outlet plena, are lowered 
with the tube-sheets into the slots provided. Prior to installation, the endings of 
the tube-sheets are pasted with brazing material. When heated to about 1400 °C, 
the brassing materials transform into SiC (by reaction bonding), resulting in a braze 
that has properties very similar to those of the base material (e.g., the same melt
ing temperature as the structure). To minimize the areas heated during brazing, 
electron beams are being considered as the heat source. 

• Flat sheets of SiC composite are brazed to the top and botto-n of the module. 

e The breeding and multiplying materials (pebbles) are poured into the spaces be
tween the shells through holes in the back panel and are then vibration packed. 
These holes are closed afterwards by simple plugs. 

Reviewing the ARIES-I FPC design, the Amercom (70j company has confidence that, 
given present technology, a prototype of a blanket module can be manufactured and 
tested. Amercom suggests that the first wall can be integrally woven to a plenum in back 
of it, thus eliminating the need to braze the tube-sheet to the plenum. However, after 
completion, the top and bottom lids of the blanket would still have to be brazed on. 

8.2.1.9. S u m m a r y and R & D direc t ions 

Silicon-carbide (SiC) ceramic materials have been considered previously as candidate 
structural materials for fusion reactors [9], Silicon carbide has excellent high-temperature 
capabilities, thermal-shock resistance, chemical stability, and environmental resistance. 
These characteristics, coupled with very low induced activation and afterheat, make SiC 
a very promising material for future fusion applications. 

The primary difference between metals and ceramics is bonding type (Sec. 8.2.1.1). 
As a result, in metallic alloys, the stability and properties depend in large measure on the 
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average, rather than local, distribution and position of dissimilar atoms. In ceramics, it is 
the local distribution of dissimilar atoms that determines its properties. Thus, ceramics 
may have a higher tolerance to displacive radiation than metals. In addition, metals have 
the ability to plastically deform before failure (ductile failure), whereas ceramics do not 
show plasticity (brittle failure). 

The ARIES-I reactor uses SiC-fiber-reinforced SiC-matrix composites (SiO compos
ites) as the primary structural material. The primary advantage of ceramic matrix com
posites (CMCs) over bulk ceramics lies in the ability to obstruct matrix crack propaga
tion. The fracture toughness of CMCs does not rely on the toughness of the matrix but 
on the interaction of matrix cracks with fibers, or any other reinforcing network. 

Aspects of the response of CMCs to neutron irradiation have been discussed, lnadia-
tion experience with bulk SiC was briefly reviewed, followed by an account of the available 
SiC-fiber irradiation data (Sec. 8.2.1.1 through 8.2.1.5). Depending on the manufactur
ing process, bulk SiC shows good resistance to neutron irradiation, with no evidence 
of voids or helium bubbles when irradiated up to 20 dpa and at temperatures below 
1250 °C. Amorphous and crystalline fibers both show good radiation-damage resistance 
when exposed to 14-MeV neutrons (low fiuences); however, some irradiation hardening 
was observed when exposed to fast fission spectrums. Experiments with bc-on-doped 
SiC and low irradiation temperatures (< 1000 °C) show no evidence of helium bubbles. 
The effects of high helium-generation rates still need to be investigated. The primary 
questions are whether helium bubbles will form, given a large pool of helium atoms, and 
whether SiC composites will release or retain large numbers of helium atoms without 
forming bubbies. Based on the nature of polycrystallinc materials, indications are that 
the effects of high burnup would not be as serious as they would be for meta'.lic alloys. 

The composite materials industry has de/eloped numerical codes to estimate ther-
momechanical properties of composites as a function of composite characteristics (i.e., 
fiber volume fraction, matrix void fraction, and fiber orientation). The code, CLASS, 
used for ARIES-I was developed by Materials Sciences Corp. [51]. The pioperties used 
for ARIES-I design are discussed in Sec. 8.2.1.6 and summarized in Table 8.5.-1V. 

Manufacturing techniques for SiC composites were reviewed in S^c, 8.2.1.7, and cost 
estimate- for SiC composites are discussed later in Sec. 8.2.5. Although the engineering 
data base for SiC composites is very small, this material was identified as the most 
promising composite because of excellent high-temperature capabilities and its favorable 
neutronics characteristics. However, since CMCs have been under development for onty 
the past 5 to 10 years, many engineering issues will require intense R&D efforts before 
SiC composites reach levels of reliability similar to that of metallic alloys. 
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The research and development efforts required can be divided into four categories: 
(1) understanding fundamental material performance, (2) developing manufacturing tech
niques that result in standardized and economical production processes, (3) developing 
radiation-damage-tolerant composite materials, and (4) studying light-ion interaction. 

Understanding fundamentals. Fundamental processes that need extensive research 
are those that lead to crack initiation and absorption of energy during crack propagation. 
The goal is to develop a ceramic matrix material that does not show a spread in failure 
strength but has predictable failure criteria. This research requires an understanding of 
the basic factors responsible for ceramic failure and, as such, will require support from 
the international material science community. 

Manufacturing techniques. The composite materials industry, now enjoying strong 
growth, is working to find solutions to critical issues, including manufacturing cost re
ductions. Automobiles still appear to be necrly all steel, but in fact about 8% of their 
weight consists of composites {e.g., bumpers, doors, body panels, turbochargers, etc.). 
For example, the turbochargers available in high performance automobiles are made of 
ceramic blades that are joined to a metallic shaft. Thus, a reliable and workable solution 
has been demonstrated for joining ceramics to metallic alloys, The sports equipment in
dustry has always been a front-runner in the commercial use of composites (e.g., bicycle 
frames, tennis lackets, golf clubs, fiberglass pleasure boats, etc.) Currently, the aerospace 
industry is the biggest market for composites (Beech Aircraft's Starship uses composites 
extensively). The largest user of advanced composites is the military with well over 80% 
of market share. The most sophisticated utilization of composites is probably in the 
Stealth bomber. Other military uses of advanced composites are for missiles and future 
high-performance jet engines. 

The examples cited above amply demonstrate that a dedicated fusion composite-
materials R&D program does not have to burden itself with developing solutions to the 
basic problems and issues of composite manufacturing techniques. The main thrust of 
such a fusion program can be directed at finding solutions to fusion-specific manufac
turing issues, such as: (1) manufacturing large-scale components, (2) gas leak tightness, 
(3) brazing and joining processes, and (4) joining to other materials. The SiC-composite 
commercial sector of the industry has developed dedicated solutions to all of the above 
issues. However, most efforts to date have only demonstrated solutions for small com
ponent sizes with emphasis on one or two of the problems at a time. It is generally 
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recognized that there is a need to develop and demonstrate the ability to incorporate 
these solutions into one all-encompassing manufacturing technique. 

Development of radiation-damage-tolerant C M C s . For fusion applications, the 
critical issue that needs to be addressed is the response of CMCs to neutron and ionizing 
radiation so that appropriate materials can be developed. This is an issue not being 
pursued by the CMC industry. For use in fusion applications the fusion-specific R&D 
needs for CMCs are: 

• Understanding fundamental processes. The understanding of fundamental 
neutron-irradiation effects on ceramics and, in particular, on CMCs is by no means 
as advanced as it is for metallic alloys. Ceramics behave differently from metallic 
alloys when exposed to damage-inducing radiation, because in ceramics a second 
lattice f'juperimposed on the hof lattice) exists. Thus, there is the additional 
constraint of stochiometric point-defect interactions. Experiments need to be set 
up to understand these fundamental processes. 

• Understanding the effects of irradiation on a composite microstructure. 
Because of the fiber/matrix interface and the presence of matrix voids, the behavior 
of transmutation products (helium and hydrogen) will differ from those in solid bulk 
material. These microsfcructural characteristics, specific to CMCs, will affect the 
swelling behavior. Understanding these phenomena is crucial to the development 
of fusion-relevant composite materials. 

• Investigating the effects of ionizing radiation on the thermal and elec
trical conductivit ies of CMCs. The effects of ionizing radiation on CMCs can 
be used to tailor composite materials to desired levels of thermal and electrical 
conductivities. It is well-known that SiC is a semiconductor, and small additions of 
A£, Be, or Fe can vary the electrical conductivity of SiC to bridge the conductivity 
range from an insulator to a fair conductor. 

Light-ion interaction. The effects of H, D, T, and 4 He bombardment on SiC have 
been investigated in recent years. Indications are that SiC has good resistance to erosion 
caused by helium implantation. Trapping of H, D, or T has also been studied. It appears 
that at elevated temperatures, the hydrogenous ions can overcome the high trapping 
energies and migrate back to the surface. However, in order to confirm that SiC can 
withstand nominal scrape-off layer environments, many topics need to be investigated. 
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One of these is the synergistic effects of hydrogen and helium bombardment on surface 
morphology during irradiation in a neutron environment. 

In summary, because of inherent microstructural characteristics, composite materials 
behave in unexpected and surprising ways when placed in a neutron and ionizing radia
tion environment. Understanding these behaviors will enable the development of future 
radiation-dumage-tolerant materials. The R&D program for fusion-dedicated composites 
will be able to concentrate on fusion-specific problems because other engineering issues 
are already being addressed by the composite-materials manufacturing industries. 

8.2.2. Sol id-Breeder M a t e r i a l 

The operating conditions of ARIES-I are very different from those of ITER [76]. 
ARIES-I operates at a much higher temperature, requires a much longer wall lifetime at 
a higher wall loading, and requires a much higher tritium-breeding ratio to ensure tritium 
self-sufficiency. The ARIES team is also studying the feasibility of a low-activation and 
low-afterheat blanket design. Therefore, the material selection criteria of ARIES-I are 
also very different from those of ITER. 

For the ITER design, L32O is most attractive because of its lithium atom density, 
thermal conductivity, thermal response time, and tritium lattice diffusivity. It also ranki 
very high in terms of activation and afterheat considerations. However, at the conditions 
required by ARIES-I, the problems associated with L i 2 0 (e.g., lithium mass transport, 
chemical interaction with structural material, and thermal expansion and swelling) be
come much more severe than they are under the ITER operating conditions. The ARIES I 
team, thereiore, made a complete evaluation of candidate solid-breeder materials for the 
high-temperature, high-ftuence operating conditions of the ARIES-I blanket. 

The performance characteristics of the four potential solid-breeder candidates (Li^O, 
Li^SiO.i, L i 2 Zr0 3 , and LiA^0 2) under normal (pulsed and steady-state) and off-normal 
operating conditions were considered in this evaluation. The primary performance pa
rameters for normal operation are those for tritium breeding, lithium burnup, thermal 
transport, tritium transport, thermal and in-reactor volume change, chemical stability 
with cladding materials, lithium mass transport, and activation. Secondary parameters 
for normal operation include mechanical properties and grain growth. Additional prop
erties considered for off-normal and accident conditions include decay heat rate, latent 
heat of melting, volume changes from high-temperature phase melting, and chemical 
compatibility with moisture and beryllium. This compar>on was carried out for ITER 
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activities and extended to ARIES-I. The similarities and dissimilarities between ITER 
and ARIE5-I will be documented here. 

Table 8.2-V is a summary for evaluating the four solid-breeder candidates. Rather 
than presenting a complete picture of the data base for each breeder material, the table is 
designed to show the strongest and the weakest characteristics. In most of the categories, 
L i 2 0 performs very well relative to other breeder ceramics, particularly in the area of 
lithium atom density, thermal conductivity, tritium transport (expressed as the minimum 
temperature for a one-day average residency time for the tritium in the ceramic), and 
activation. Its volume change due to thermal expansion and helium-induced swelling 
may be a problem and has to be included in the design considerations. Lithium oxide 
also has a higher potential for problems than other breeders with regard to chemical 
compatibility with structural material, Be, and moisture. Lithium mass transport may 
also be a problem at high temperatures. While these issues may not be critical for ITER, 
they may seriously limit the upper temperature of Li^O that will be required for ARIEa-I, 

Lithium orthosilicate properties appear to lie between those of LijO and the other 
two ceramics. It is better than Li20 in terms of in-reactor volume change, compatibility, 
and lithium mass transport. It has very low activation Since ARIES-I is investigat
ing the feasibility of a very low-activation blanket, Li.|SiO.| was considered as the first 
candidate. The major reason that LijSiOi was not selected as the primary candidate 
for ITER was due to concern about a possible tritium-release problem, at higher burnup 
as Li.jSiO.) is converted to LigSiO.-j, which has poor tritium-release characteristics. For 
the ARIES-I blanket, the problem might be more severe because of the higher burnup 
and the higher breeder-material temperature. Figure 8.2-4 shows a phase diagram of the 
L i 2 0 and S i 0 2 chemicals [77]. As the burnup occurs, the chemistry of the compound 
moves in the direction of the Si02. It appears that there is a chemical fori of Li-Si-
O compound that has a melting temperature of 1040 °C. The ARIES-I blanket design 
has a maximum breeder-material temperature of 950 °C. As the materiu.1 temperature 
approaches the melting temperature, radiation-enhanced sintering will occur and grain 
growth will be important. This problem may not be severe for ITER because of its rela
tively low operating temperature. However, the burnup may have two effects on Li iSiO ( 

in the ARIES-I blanket. The first is the change of chemical composition tov.'ard Li^SiO.i, 
which has poor tritium release characteristics. The second is the lower melting point of 
the compound between Li^SiO., and Li 2SiO : f which, together with the anticipated high 
blanket temperature, may cause sintering problems. Because of these effects, the tritium 
inventory in the blanket can not be estimated. 
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Table 8.2-V. 
Thermophysical Properties of Candidate Breeder Materials 

(at 80% density and 80% enrichment) 

Property Li 20 LijSi04 Li2Zr0^ LiAf03 

°Li density ( k g / m a ) w 

Melting temperature, Tm er ( (°C) 
Phase-change temperature (°C) 
Volume change due to 

phase change (%) 
Thermal conductivity'6' (W/K-m) 3.54 
Thermal diffusivityC'' (%) 
Minimum temperature (°C) for 

one-day T residency time 320 

744 432 264 224 

1,432 1,255 1,616 1,610 

None 655 1,100 None 

None 0 13 None 

3.54 1.73 1.43 1.92 

0.857 0.419 0.319 0.679 

400 (±25) 320 525(±25) 

In-reactor volume change'*"' High Intermediate Low Low 

Incompatibility ami 

Li mass transport'1"' High Intermediate Low Low 

Activation'17' Zero Low High Intermediate 

Afterheat^ Zero Low High High 

(a''For 100% dense material. 
<6'At600°C. 
' c ' Relative ranking. 
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Figure 8.2-4. Phase diagram of Si0 2 -2 L i 2 0 x S i 0 2 system. 

It appears from the phase diagram (Fig. 8.2-4) that adding L i 2 0 to the Li 4 SiO ( may 
prevent formation of Li2SiOa and of the low-melting-point Li-Si-0 compounds. The 
chemical thermodynamics favor conversion of Li2SiC>3 and L i 2 0 to LijSiO,, so as lithium 
is converted to tritium and extracted from the blanket, only L i 2 0 would be depleted. The 
kinetics of this process, however, would rely on diffusion of lithium from the L i 2 0 fast 
enough to replace lithium lost from LijSiO.i. Since these kinetics are unknown, there is a 
high degree of uncertainty regarding the chemical stability of L^SiOj under irradiation. 

Lithium zirconate has excellent tritium-release characteristics. It is very stable to 
the effects of temperature and irradiation but its activation and afterheat are the highest 
among the four breeders (although they may be reduced by isotopic tailoring, as discussed 
in Sec. 10). Lithium zirconate has a low thermal conductivity, however this problem can 
be corrected by mixing the breeder material with Be. 

Lithium aluminate is stable at high temperatures. It was not selected, however, 
because of its waste disposal problem due to the production of 2sAl from 77At(n,2i\) 
reactions. Isotopic enrichment will not alleviate this problem. 
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Table 8.2-VI summarizes the comparison of the ceramic compounds for the AR1ES-I 
application. On the basis of this comparison, isotopically tailored Li^ZrOi is selected as 
the breeder material for ARIES-I. It should be noted that even after extensive isotopic 
tailoring, the off-site dose aftet a severe accident in the ARIES-I reactor is still dominated 
by Zr (Sec. 10). This provides a strong incentive to develop an alternate, low-activation 
solid-breeder material. The second choice is Li.jSiOi. This material exhibits very low 
activation and afterheat without the need for isotopic enrichment. It would permit ther
mal design conditions comparable to those of Li 2ZrO :i. Considerable uncertainty exists, 
however, regarding the chemical stability and tritium inventory of Li.|Si0. t under high 
lithium burnup. This uncertainty should be resolved by the breeder-material develop
ment program. If the results of these experiments prove to be positive for Li.tSiO.|, it 
could be substituted for LijZrOy in the ARIES-I design with virtually no design changes. 
The third choice is Li^O, which would have zero afterheat and induced radioactivity, but 
would require a lower operating temperature than LiaZrO.* or Li,|SiO|. The lsst choice 
is LiA^0 2 because of its unavoidably high levels of induced activity and afterheat. 

8.2.3. Neutron Multiplier Material 

Beryllium is chosen as the neutron multiplier material for the ARIES-I reactor design 
mainly because of low activation. It also combines the highest thermal conductivity with 
the lowest density of all candidate neutron-multiplier materials. Concerns associated 
with Be are toxicity, resource limitation, and radiation damage. Recently the toxicity 
of Be has received a lot of attention. Indications are that beryllosis is contracted only 
by a small percentage of those of the general public who are sensitive to beryllium oxide 
(BeO). Furthermore, solid beryllium, whether it be the pure metal, ceramic oxide, or 
any type of alloy, does not present any health risks unless finely divided into dusts or 
fumes. Only particle sizes of 5 fim or less a'e capable of entering the alveolar spaces 
and becoming engulfed by macrophages [78]. This means that both conditions, being 
sensitive and being exposed to a particular size of BeO particles, must be met before 
beryllium poses any threat to the general public. Issues regarding resource limitation are 
reported in detail in Ref. [79]. Below, the properties of beryllium are presented briefly 
and the issue of swelling of Be is discussed. 

8.2.3.1. Properties 

Selected properties of beryllium are given in Table 8.2-VII. The ARIES-1 reference 
blanket uses a mixed sphere-packed beryllium and breeder (Li^ZrO.i) material. The 
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Table 8.2-VI. 
Comparison of Ternary Ceramics 

• Activation and Afterheat 

Li 2 0and Li4SiO.| are good, L i 2 Z r 0 3 and LiA^0 2 are bad. 

To alleviate activation and afterheat, LijZrO;! can be isotopically tailored. 

• Phase Change 

LiaZrOa has a phase change with 13% volume increase at 1100°C; 

operation with Tmnl < 1000 °C is reasonable. 

L i 2 0 , Li-|SiO.|, and LiAfO-j have no phase change concerns. 

• Tritium Transport 

LijZrOa and L i 2 0 are superior to Li4SiO.| and LiAfOj. 

• Thermal Transport 

LiA«D2 is better than Li.,Si0.i or Li2ZrO :i at T < 700 °C. 

All three are comparable for T > 700 °C. 

Thermally induced transport of LijO is a concern. 

• Mechanical Integrity 

Li 2 Zr03 and LiA^Oj are superior to Li |SiO t and L i 2 0 . 

• Chemical and In-Reactor Stability 

Li2ZrO,j and LiA^C>2 are superior to LijSiO.i which is superior to L i 2 0 . 
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Be sphere sizes chosen are 1- and 0.1-mm in diameter. The theoretical density achiev
able with these two sizes is about 80% [1]. The breeder/multiplier sphere-pac thermal 
conductivity was estimated to be 4.6 W/K-m with a heat transfer coefficient of about 
6649 W/K-m* (Sec. 8.5.2). Beryllium has a melting temperature of 1283°C. There
fore, mechanical properties degrcle rapidly above 700 °C. At 25 °C, the ultimate tensile 
strength of Be is about 260 MPa, while at 1050 °C it is only 25 MPa [80]. In the ARIES-I 
reactor, however, the breeder/multiplier material does not have to carry any loads, ex
cept for its own weight. Thus, no analysis was done for the mechanical response of the 
multiplier. 

8.2.3.2. Swelling 

In a fusion environment, irradiation-induced swelling is a major concern associated 
with beryllium. Under neutron irradiation, swelling is mostly caused by helium gas gener
ation from (n,et) reactions. Helium atoms are insoluble in metals and, consequently, they 
rapidly diffuse through the metal until they reach open surfaces and escape or become 
immobilized at trap sites (i.e., theimodynamically and irradiation-produced dislocations, 
cavities, and grain boundaries). The latter phenomenon is responsible for the nucleation 
and growth of bubbles. At elevated temperatures, bubbles migrate through the matrix 
or along grain boundaries and coalesce to form bigger bubbles (increased swelling). 

The threshold temperature, below which swelling of beryllium is insignificani,, was 
determined in early post-irradiation experiments [81-84]. For fluences resulting in a 
few atomic parts per million (appm) of helium-atom concentration in Be, the threshold 
temperature is around 700 °C, while for fluences creating more than 50 appm of helium, 
the swelling threshold temperature drops to about 500 °C. Beryllium located behind the 
first wall of the ARIES-I reactor will have a helium generation rate of about 20,000 helium 
appm per full power year. The maximum AR'ES-I breeder/multiplier temperature in the 
first zone behind the first wall is about 800 °C. Thus, conditions of high helium-generation 
rate and operation above the swelling threshold temperature, are both present in the 
ARIES-I reactor. 

High-temperature (1000°C), post-irradiation anneal experiments showed a maximum 
swelling of 30% for highly dense Be [85]. The maximum swelling value was attributed 
to interconnecting bubbles that release trapped helium from the bulk. The minimum 
swelling necessary to produce an interconnecting network of helium bubbles for gas vent
ing was theoretically determined to be between 5% and 10% [86]. To enhance helium 
mobility, a fine-grain Be morphology (large number of grain boundaries) is desired. Thus, 
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Table 8.2-VII. 
Selected Properties of Beryl l ium( a ) [80] 

Density (kg/m : 1) 1,850 
Melting temperature (°C) 1,283 
Heat capacity (J/kg-°C) 

500 °C 2,250 
1000 °C 2,920 
1500 °C 3,590 

Coefficient of thermal expansion (10" 6 /K) 
2 5 - 1 0 0 ° C 11.6 
2 5 - 5 0 0 ° C 15.9 
2 5 - 1 0 0 0 ° C 18.4 

Thermal conductivity (W/K-m) 
50 °C 150 

300 °C 125 
600 °C 90 

Bulk modulus (GPa) 115.8 
Shear modulus (GPa) 157.7 
Young's modulus (GPa) 278.5 
Poisson ratio 0.085 
Ductility Poor 
Ultimate tensile strength (MPa) 

500 °C 260 
700 °C 170 
900 °C 120 

Yield strength (MPa) 
500 °C 140 
700 °C 100 
900 °C 80 

("'Properties may vary considerably from product to product, 
depending on impurity content, density, and preferred orientation. 
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Be exposed to high levels of fast neutron irradiation will swell a minimum of about 10% 
and a maximum of 30% at temperatures above 750 C C. Based on these results, there 
is a minimum and a maximum swelling level that depends on helium generation rate, 
operating temperature, and morphology. 

In general, structural integrity of a component is the primary design requirement. 
Given the low ductility, micro cracking of Be is difficult to prevent. This is mostly because 
the multiplying material experiences loading stresses from thermal expansion, irradiation-
caused differential swelling, and from external forces. For the ARIES-I reactor, however, 
the goal is to allow these loading stresses to cause crack nucleetion and propagation. The 
reason is that microcracks generated in this fashion would provide escape channels for 
helium and ensure open porosity even at high temperatures. 

To this end, a sphere-packed breeder/multiplier mixture was chosen. Depending on 
the packing fractions of different sizes of pebbles, an open porosity between 15% and 
30% can be designed into the multiplier material. The open porosity in the multiplying 
material is capable of venting helium, providing the helium reaches these sites. Based on 
the self-diffusion equation of Be [87], a helium atom can travel a typical distance between 
open pores of 10 fim in about 0.05 s at 700°C. However, it should be noted that the open 
porosity is maintained only if the maximum Be temperature does not exceed 660 °C. 
Above this temperature, sintering rates increase drastically, which eventually results in 
pore closure [88J. The maximum Be temperature in the ARIES-I reactor is estimated 
around 800°C. At this temperature, the sintering rate is rapid, resulting in closure of 
open pores. However, because swelling rates in Be increase drastically at high temper
atures, the sintered Be material will swell locally to extremely high values. The high 
differential-swelling rates within the beryllium microspheres will result in large stresses, 
which are relieved by crack formation and crack propagation. Upon cracking, an escape 
path becomes available and swelling resulting from helium entrapment is locally and 
temporarily relieved. The cycle continues because, after helium release, the differential 
stresses are relieved and the material starts sintering again until pore closure occurs. 

The alternating cycles of swelling and microcracking may ultimately lead to a quasi-
equilibrium helium-venting rate resulting in a low maximum-overall swelling value. Al
though no experimental work has been undertaken to confirm this process, data on the 
plastic strain-at-failure indicates that such a process is likely to occur in high porosity 
Be {89J. The data show that as the porosity of Be increases from 5% to 26%, the plas
tic strain-to-failure decreases from ~ 1 % to ~0.08%, indicating a significant decrease in 
ductility. Furthermore, when exposed to neutron irradiation, Be will also undergo signif
icant irradiation harcening Irradiation hardening in Be is caused by matrix hardening 
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due to bubble pinning of dislocations and by grain boundary weakening due to helium 
accumulation at the boundary. Thus, high porosity Be exposed to high fluences at high 
operating temperatures could exhibit a cyclic behavior of swelling, microcracking, and 
sintering. It is anticipated that with such a self-regulating mechanism, the maximum 
swelling of Be may stay well below ~10%. 

8.2.3.3. Summary 

Toxicity considerations of Be are presently being addressed and may ultimately re
sult in a Be technology that meets full public acceptance. The issue of resource is still 
under debate with no definite answer as to whether the issue is one of absolute resource 
limitations, cost, or reprocessing. The effects of high operating temperatures (>600°C) 
on gas-driven swelling is not clear at all. Although at high temperatures large swelling 
rates are anticipated (based on annealing experiments), radiation-induced hardening pro
cesses coupled with differential swelling stresses may result in a swelling-rate-limiting 
microcracking-sintering phenomena. If, however, such a process proves to be less signif
icant than suggested here, a maximum swelling of about 10% is anticipated because of 
the formation of an interconnecting network of heiium bubbles, provided a fine-grained 
Be material is used [86]. 

8.2.4. Coolan t 

Gas-cooled reactor technology has been pursued since the very early days of the 
nuclear reactor program. It is one of only two technologies, the other being water 
cooling, that has successfully been developed to commercial status. Gas cooling was 
originally pursued most vigorously in Europe with the development of the COj-cooled 
MAGNOX reactors. These led to the C0 2-cooled Advanced Gas Reactor program and 
the belium-cooled High-Temperature Gas-Cooled Reactor (HTGR) program. General 
Atomics designed and built the 40-MWe prototype Peach Bottom HTGR, which oper
ated successfully for over five years, and also the 330-MWe demonstration HTGR at 
Fort St. Vrain. Currently, the modular high-temperature gas-cooled reactor (MHTGR) 
is being developed as a component of the U.S. fission reactor program. 

A wide variety of gases have been proposed for use in gas cooled reactors. The tech
nical aspects of gas cooling are reviewed in Ref. [90] and the application of gas cooled 
technology to fusion power systems is discussed in Ref. [91]. Because of its high heat ca
pacity and thermal conductivity, high sonic speed, and chemical and neutronics inertness, 
helium has generally been the coolant of choice for gas cooled systems. 
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8.2.4 .1 . Advan tages of he l ium 

Helium is the most inert of all proposed coolants. It has very small nuclear-interaction 
cross sections and is virtually transparent to neutrons, allowing excellent neutron econ
omy and fuel breeding performance to be achieved. Because helium is chemically inert, 
reactions with the fuel, cladding, and environment are not of concern. These probi t ies 
are very favorable for low-activation blanket designs. Because helium is a gas, no phase 
changes are possible at the recommended operating conditions, thus the heat transfer 
regime is stable both in normal, pressurized operation and in the event of dapressuriza-
tion. There is no inherent limit on coolant temperature, which means that high thermal 
efficiency is possible. At present, the maximum coolant temperature is limited by the 
structural material temperature limit. 

For magnetically confined fusion systems, the fact that helium is nonmagnetic and 
nonconductive electrically is an advantage. Because of the low density, gravitational 
effects are quite small. 

Because of the large worldwide gas-cooled reactor program and commercial deploy
ment, gas cooling enjoys a developed technology. The heat transfer and thermal-hydraulic 
correlations are understood and power conversion equipment (steam generators, circula
tors, etc.) are developed. Helium purification systems have been successfully developed 
and include the capability for tritium recovery from the helium stream. 

From the point of view of reactor maintenance, helium cooling has several advantages. 
It is optically transparent and does not activate, air can be allowed into the helium system 
ducting during maintenance, and no special isolation is needed. 

8.2.4.2. Disadvantages of hel ium 

The principal disadvantage of all gas coolants is their low volumetric heat capac
ity. To achieve adequate heat-removal capacity with acceptable coolant pumping-power 
requirements, pressures in the range of 40 to 100 atm are needed, requiring relatively 
expensive coolant ductings. The heat transfer coefficient that may be obtained at rea
sonable flow velocities in a helium cooled system is generally smaller than that found in 
liquid cooled systems and, hence, the temperature differential is larger, leading to higher 
fuel and clau temperatures. The power required to operate the helium circulator can be 
high. With the pressure drops encountered with a steam-cycle power-conversion system, 
the pumping power is on the order of 2% to 5% of the reactor thermal power. 
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Because of the low volumetric heat capacity of helium, natural connection cooling is 
difficult to achieve. Although natural convection can provide some shutdown afterheat 
cooling when the coolant loop is pressurized, it cannot be depended on in the depressur-
ized state. 

8.2.5, M a t e r i a l Cos t Estimates 

8.2.5.1. SiC compos i tes 

To estimate the cost of ARIES-I fusion-power-core (FPC) materials, several leading 
SiC-composite manufacturers were contacted: Amercom (California)[70], Nipon Car
bon (Japan) [92], Dow Corning (Michigan) [93), Lanxide/Du Pont (Delaware) [94], and 
BP-Chemical/HITCO (California) [72]. All of the companies agreed on several points 
regarding the cost of SiC composites, the following being the most relevant: 

• Manufacturing technology for SiC-composite materials is clearly in its infancy. Cur
rently, the SiC-composite manufacturing industry is very capital and labor inten
sive. 

• Cost projections for SiC composites are very difficult. On a time frame of 20 to 
30 years however, a reduction of 40% to 60% from today's prices is very realistic, 
provided the demand for SiC composites increases. 

• Commercially available SiC-composite components are made as special one-of-a-
kind orders. Prototypical costs reflect matrix void fraction, matrix stochiometry, 
fiber volume fraction, fiber grade, component-specific material development (such 
as fiber coatings), design and implementation of hardware and software for numeri
cally controlled weaving and braiding machines, furnace manufacturing, design and 
construction of machining equipment, and a waste stream of reject components. 

• Industry representatives refused to quote a price for SiC composites on a S/kg basis. 
The consensus is that one can only quote ^/component after careful examination 
of component complexity. Tube-sheets, such as those used in ARIES-I, are not 
considered to be highly complex. Similar tube-sheets, including flanges and joining 
holes, have already been manufactured by several companies for heat exchanger 
technology [70, 94]. 
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• High quality fibers (NICALON, Japan) have dropped in price from S1500-S2500/kg 
in 1987 to about $650-$850/kg in 1990 [92]. As competition mounts, more price 
reduction is expected. Various companies are currently developing new fiber-
manufacturing technologies, which may result in a sharp price reduction for SiC 
fibers. Even if no manufacturing breakthroughs are achieved, Nipon Carbon has 
projected a 30% to 50% drop in the price of NICALON within the next 10 years [93]. 

• Currently several major composite-manufacturing companies are developing alter
native methods to the costly CVI technique for ceramic matrix formation [92, 94]. 
One of the methods being pursued uses organic precursors for SiC matrix formation 
and promises several advantages: (1) Precursors can be in liquid form, which can 
be pressure driven to infiltrate the preform; and (2) Near-net shape manufacturing 
techniques can be utilized, which eliminates costly machining and grinding of fin
ished components, The other method, which is further advanced, develops a matrix 
material by introducing alloys of metals (currently A£ and Si) and oxidizing, nitrid-
ing, or carbonizing it to form the desired matrix. This manufacturing technique 
is an extension of the DIMOX (directed metal oxidation) process. One commer
cial product that is available is SiC-fiber-reinforced alumina (AaO,)). This material 
promises a high degree of "self-healing" capability because of the manufacturing 
technique. Silicon carbide, Si.iN.i, and A£N matrix composites have been made but 
are not yet available commercially. Developing cheaper infiltration techniques, may 
lead to major reduction in price in 20 to 30 years. 

• Currently, the largest panels of SiC composite (1 m x 1 m) are manufactured by two 
companies, France's SEP and Japan's Nipon. For developing and manufacturing a 
prototypical component with these dimensions, Nipon [92) charges about S15,000 
for a 2-mm-thick SiC-composite panel, which translates to about $2500/kg or about 
$15,000/m 2. Once a prototype component has been developed, volume production 
will significantly reduce the price. 

Based on these discussions, the general consensus is that, pending an increase in 
demand for SiC-composite materials, price reductions on the order of 40% to 60% are 
v .i-y likely within a timetable of 20 to 30 years. Given an average cost of about $1000/kg 
for small samples, the price projection leads to a value of about $400/kg (for the ARIES-I 
design, unit cost in $/m 2 is used, which is preferred by the industry to S/kg basis). These 
projected costs are based on unique conditions for present SiC-composite manufacturing 
techniques: 
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1. The price is based entirely on prototypical components because, to date, manufac
tured SiC-composite materials have been entirely custom tailored as one-of-a-kind 
components. 

2. Because SiC-composite materials ate in their developmental infancy (around 5 
years), today's component costs include the R&D effort that goes into manufactur
ing a specific SiC-composite component. In many cases, this involves developing 
an application-dependent fiber coating, designing and implementing software and 
hardware for numerically controlled weaving, designing and constructing chemical-
vapor-infiltration (CVI) furnaces, and optimizing infiltration techniques. 

3. The price does not allow for any reduction based on future technological break
throughs in the manufacturing process, such as alternatives to expensive and time-
consuming CVI process. 

In short, because manufacturing SiC-composite components is a highly capital- and 
labor-intensive venture (raw material cost is very small), the cost issue cannot be fully 
resolved. The future prices strongly depends on future manufacturing techniques. It 
should be noted that the growing need for advanced materials in non-fusion related ap
plications, especially ceramic matrix composites (e.g., SiC, Si.tN.i, A^O,), C), has resulted 
in increased R&D efforts in Europe, the U.S. [10], and Japan [11, 12]. The interest in SiC 
is particularly high because of its good oxidation resistance compared to C/C composites 
which require protective oxidation layers. 

8.2.5.2. Cost of ARIES-I components 

To estimate the cost of the ARIES-I reactor SiC-composite components, the following 
assumptions are made: 

1. The entire first-wall area is about 600 mJ. 

2. There are 17 first-wall-equivalent tube-sheet panels made of SiC composite for a 
total of 9000 m 2 . (Breeding, reflecting, and shielding materials, in the form of a 
sphere-pac, are poured into the gaps between the 17 SiC-composite shells.) 

3. The price used here is the S/m'1 of a prototypical SiC-composite panel, which is 
about $15,000 today. 



8-56 FUSION-POWER-CORE ENGINEERING 

Based on the above assumptions, the total cost for the SiC-coinposite material in 
ARIES-1 is estimated to be around 5135 M. The CVI process simplifies impurity-level 
control because the matrix precursors are gases. Assuming that the final cost of an 
SiC-composite component will double due to the required impurity-content requirements 
(< 1 ppm), the cost of the SiC composites for ARIES-I is estimated to be about $270 M. 

Of the 17 high-quality SiC-composite shells, four are used to cool the shield in 
ARIES-I. Between these shells is a low-quality SiC/B.|C material with a total volume of 
about 250 m 3 (-400 tonne SiC plus ~313 tonne BjC). The cost of bulk SiC raw material 
for the shield is currently about $60/kg (Ceramic Co., U.S. [95]). The SiC powder is 
sintered at about 2000°C at ambient pressure to form the ceramic. This is a low-cost 
process (Sl20/kg) that is highly volume driven and can be estimated at about twice the 
raw material cost. For impurity level control of the shielding material, the assumption IB 
made that the final cost will double to 8>240/kg. Thus, the SiC for the shield would cost 
about $96 M. 

The raw material cost for B.|C is about $160/kg today [96j. Shaping the B.jC into 
a desired end product can result in a cost of well over $2000/kg, depending on the 
complexity of the component and the density requirements. It should be noted, however, 
that at the present time, only two major B.iC manufacturers exist (in the U.S. and 
Japan) and an increase in competition and demand may have drastic effects on the price. 
Medium density, simple brick-shaped BjC is significantly cheaper at nominal costs of 
around S200 to $250/kg, based on a large volume order. To reflect the cost of impuri' 
level control for ARIES-I, the cost of the B.|C is estimated to be around $300/kg for 
finished monolithic blocks. The cost of B 4 C in the shield is therefore about $94 M. Thus, 
the total shield-material cost, including the SiC, is estimated to be around 3190 M. 

The ARIES-I breeder material consists of 35 tonnes of Zr and 25 tonnes of Li at a cost 
of about S50/kg each [97]. Therefore, the total cost of raw metal for the breeder is about 
S3 M. (Drastic savings can be realized if electronic quality Z r 0 2 and LiOH, which sell 
at, respectively, about $7/kg and S4/kg, are chosen.) The cost of the breeder materia] 
is driven by the isotopic tailoring of Zr at a cost of about $2100/kg. The cost of the 
breeder material is estimated, therefore, to be about $80 M. 

Table 8.2-VIII summarizes the unit costs for FPC materials used in ARIES-I. Based 
on today's prices, the total cost of the first wall, blanket, and shield is estimated to be 
about $595 M (including the cost of Be neutron multiplier). The systems code result, 
based on future costs, arrives at a total cost of about $336 M, which is about 44% less 
than today's material costs. 
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Table S.2-VIII . 
Ma te r i a l Un i t Costs for t h e A R I E S - I Fusion Power Core 

Material Today's Costs*"' (S/kg) Projected Costs'''' (S/kg) 

SiC composite l,000(c> 400''" 

C/C composite 200'' ' 120 

SiC TDonolithic 120<" 70' 9 ' 

BiC monolithic 250<''> 200 1 ' ' 

Zr metal 50<j) 50 

Li metal 50<A> 50 

("'Today's price reflects an average quote for small samples. 

''"'Projected costs are based solely on increased demand. 

''"'Maximum price quoted for large heat-exchanger-iype shells is $2500/kg. 

(^Based on a 60% decrease in price within 20-30 y. 

'^'Today's prices for C/C composites range from S100 to $1000/kg. 

">SiC raw-material cost is $30/kg; shaping and forming costs are reflected in the 

$120/kg price. 

' ' 'Based on a 60% reduction over 20-30 y. Because of an abundance of materia], 

further reductions based on demand and volume are very likely. 

' ' I 'B 4 C raw-materiaj cost is around Sl60/kg; shaping and forming expenses can 

vary significantly. 

'"'Based on an increase in demand and volume. 

' ' 'Cost for pure Zr metal; electronic quality ZrC>2 costs $7/kg. 

Lri't cost of $2100/kg is used for isotopically tailored Zr (Sec. 10). 

' k 'Cost for pure Li metal; electronic quality LiOH costs are $4/kg. 
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8.2.5.3. Ex te rna l piping costs 

Given the scope of the AR.IES-I study, a detailed design of the external piping be
tween the FPC and the heat exchanger (HX) was not drawn up. However, it should 
bt .•oted that external piping (away from the neutron environment) will most likely be 
made from much cheaper, and possibly stronger, ceramic-composite materials. The most 
likely candidate for c&rrying the helium from the FPC to the HX and back will be C/C 
composite. This material surpasses SiC composite in strength, operating temperature, 
and commercial availability. Away from a neutron environment, the primary problem for 
C/C composites is oxidation. Helium as a coolant will not react with C/C composites; 
however, oxidation-resistant coatings will be needed on the outside of the pipes. For the 
relatively low helium temperature of 650 °C, finding a suitable coating is not an issue 
and, since it will be on the outside of the coolant pipes, simple high-temperature paint 
could suffice. The issue of helium-gas leak tightness, however, needs to be addressed since 
composites are inherently porous structures. A 1- to 2-mm-thick CVD carbon layer on 
the inside and/or outside of the coolant-carrying pipes wil be required. 

The primary incentive for using C/C composites is the low cost. Commercial man
ufacturers of C/C composites [98] have quoted prices ranging from $100 to SlOOO/kg, 
depending on the complexity of the weave. For pipes, inexpensive 3-D braiding tech
niques are fully developed. The length required is assumed to be 32 modules x the 
periphery of the tokamak + 1000 m to and from the HX, for a total pipe length of about 
3000 m. Taking the average diameter to be 0.4 m and a wall thickness of about 0.02 m 
to carry helium at 10-MPa pressure (designing to a hoop stress of about 100 MPa), the 
total amount of C/C composite piping required is about 137 tonne. At $200/kg, this 
would result in a cost of about $27 M for external piping, 

8.3. MECHANICAL DESIGN 

In this section, the configuration of the ARIES-I fusion power core (Sec. 8.3.1) and 
thermostructural analyses of the first wall and blanket (Sees. 8.3.2 and 8.3,3, respectively) 
are described. 

8.3.1. Configuration 

Configuration selection is a critical task in any tokamak blanket design since it directly 
impacts the blanket neutronics, thermal-hydraulic performance, structural design, and 
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maintenance. This task is even more difficult when the structural material is an SiC 
composite (high-temperature capability but poor thermal conductivity) and the coolant 
is high pressure helium (poor volumetric heat capacity). When metallic structure is used, 
the conventional design configurations of a helium cooled blanket are those of a poloidal, 
pressurized module with either toroidal or poloidal coolant flow [99]. Because of its 
design simplicity, such a poloidal flow design (Fig. 8.1-4) was investigated for ARIES-I. 
In order to optimize the coolant out.at temperature of 650 °C, a re-entrant coolant-flow 
design was used. This led to high coolant velocities, high first-wall and blanket pressure 
drop of 320 kPa, and a correspondingly high blanket-coolant pumping power of 154 MW. 
Because of the high pressure drop and high pumping power, this configuration was not 
selected. Instead, the coolant pressure was raised to 10 MPa and a radial/toroidal flow 
configuration was adopted, resulting in an order of magnitude reduction in the blanket 
pumping power. 

The selected ARIES-I blanket design uses SiC composite as the structural material, 
10-MPa helium as the coolant, Li^ZrOa as the solid tritium breeder, and beryllium-metal 
sphere-pac pellets as the neutron multiplier. The blanket is segmented toroidally into 32 
inboard and 32 outboard poloidal modules, as shown in Fig. 8.1-2. Each poloidal module 
comprises 17 nested, U-shaped, SiC-composite shells with solid-breeder and Be neutron-
multiplier mixture (sphere pac) located between the shells (Figs. 8.1-5 and 8.1-6). The 
cylindrical helium-coolant channels are embedded in each of the 17 SiC-composite shells. 
Because the coolant is contained in small diameter (0.5 to 0.8 cm) tubes, high coolant 
pressure (10 MPa) can be used with thin walled tubes. As shown in Fig. 8.1-5, the 
helium coolant enters the blanket from the inlet plena, which are located in the shield 
behind the blanket and reflector. It then flows radially inward through the shells. It 
cools the shells while flowing in the toroidal direction before it turns and flows radially 
back into the coolant outlet plena. This routing configuration was selected to provide 
adequate cooling of the blanket materials and to minimize the blanket pressure drop. 
The maximum blanket pressure drop of 22 kPa is at the first wall. The corresponding 
total blanket internal- and external-loop pumping power is 19 MW. 

Layers of solid-breeder and Be sphere-pac mixture are located right behind the first 
wall to give the best design for neutronics and heat transfer. This arrangement allows a 
decrease in volumetric power generation and an increase in effective thermal conductivity 
over pure solid breeder. Subsequently, a minimum breeder-zone thickness of 1.1 cm is 
possible, while at the same time providing an adequate tritium breeding ratio of 1.23. 
Neutronics and thermal-hydraulic designs are presented in detail in Sees. 8.4 and 8.5, 
respectively. 
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The blanket is configured in the form of nested shells because it is perceived to be 
advantageous to manufacture such a configuration and because of improved reliability. 
Figure 8.1-6 shows that preformed U-shaped shells can be fitted, one layer after another 
including internal supports as needed, into the grooves of the reflector and plenum as
sembly to form the poloidal module. The outer shell is the first wall. Thermal and 
structural analyses of the first wall and blanket were performed. It was found that the 
peak combined thermal-plus-pressure stress is 77 MPa, which is well below the 140 MPa 
design limit (Sec. 8.3.2). 

Based on neutronics, thermal-hydraulic, and structural analyses, and the relative 
simplicity of fabrication, this nested-shell design is found to be a suitable configuration 
for the ARIES-I helium-cooled, SiC-composite, solid-breeder design. 

8.3.2. First-Wall Thermal and Structural Analyses 

In order to achieve the desired performance, the ARIES-I first wall must operate below 
maximum-allowable design criteria, as described in Sec, 8,2.1.6 (i.e., a primary stress of 
140 MPa, a secondary stress of 190 MPa, and a temperature of ~110Q°C). The steady-
state temperatures and stresses in the first wail were calculated using ANSYS [100], a 
widely used finite-element code. Because of the toroidal geometry of the first wall, a 
complete finite-element model is costly to construct, so an approximate 2-D model was 
used to study the response of the first wall to maximum loading conditions. The critical 
location for the first wall would be at the mid-plane where, because of peaking, the 
maximum surface heat flux is expected to occur. The peak heat flux at this location 
is 0.55 MW/m 2 . (In the final design, the peak heat flux is 0.61 MW/m 2 , which will 
not impact the conclusions reached in this section.) This portion of the first wall was 
analysed by modeling three tubes in order to study the effects of neighboring channels. 
The model, shown in Fig. 3.3-l(A), consists of 636 quadrilateral elements. The material 
properties that are used in the analysis are given in Table 8.2-IV. 

The first-wall coolant channels, run radially from the back of the outboard blanket 
module towards the center of the tokcmak, turn and run toroidally for about 1.7 m, 
and then return towards the back of the blanket (see Fig. 8.1-5). The ARIEST first-
wall coolant-channel wall thickness is 1 mm with an additional 2-mm-thick CVD layer 
of SiC facing the plasma. This layer provides a highly dense barrier to coolant leaks; 
it also serves as a sacrificial layer for first-wall sputtering. The 1.7-m-long toroidal run 
of the coolant channel constitutes the first wall of a blanket module. Since the bulk 
coolant temperature and the internal coolant pressure change toroidally, mechanical and 
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F igure 8.3-1. (A) Finite-element model for thermostructural analysis of the ARIES-I 
first wall (red is CVD SiC; black is SiC composite); (B) Temperature contours (°C) in 
the SiC-composite first wall for a surface heat flux of 0.55 MW/ ic ' at beginning of life; 
and (C) Combined thermal-plus-pressure stress contours (MPa) in the SiC-composite 
first-wall section for a surface heat flux of 0.55 MW/rrr and coolant pressure of 10 MPa 
at beginning of !ife. (A 2-mm-thick CVD sacrificial sputterijig layer faces the plasma.) 
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thermal fields caused by the loading conditions have small gradients in the poloidal and 
toroidal directions. However, the thermomechanical effect of this dependence on the first 
wall is small. Therefore, stresses perpendicular to the plane of the cross section will not 
change significantly in the toroidal direction and, therefore, a 2-D model at the location 
of maximum loading conditions is adequate. 

8.3.2.1. Thermal analysis 

The heat flux on the first wall was assumed to be constant at 0.55 MW/m 1 . Heat 
transfer into the coolant was modeled assuming a constant heat-transfer coefficient of 
2.2 kW/K-m 2 inside the first-wall channels. On the blanket side of the first wall, a 
constant heat-transfer coefficient of 0.6 kW/K-m 2 was assumed and all other surfaces 
were assumed to be adiabatic. The coolant-channel bulk-coolant temperature at this 
point is ~650°C. A surface heat load of 0.17 MW/m 2 was used on the blanket side of 
the first-wall coolant channels to allow for the back flow of heat from the blanket into 
the first wall. A constant volumetric heating rate of 23 M W / m J was assumed for all of 
the elements in the model. 

Figure 8.3-l(B) shows the temperature contours for this model. The temperature 
distribution in the CVD SiC layer facing the plasma is approximately one dimensional 
and little conduction to the rear of the tube is observed. The peak temperatures are 
1040°C in the CVD layer and -960°C in the SiC composite structure. Each of these 
values is below the allowable limit of 1100 °C. 

8.3.2.2. Thermal and p ressure s t resses 

Because relevant uniaxial stress measures are not yet available for composites, the von 
Mises stress is used to indicate equivalent thermal-stress levels. The peak thermal stress 
of ~44 MPa is located towards the blanket side of the first wall. This is due primarily 
to the asymmetric heating of the first-wall coolant channels, and is further underlined 
by the presence of the relatively thick CVD layer in front of the first wall. The peak 
thermal stress of 44 MPa is well below the estimated maximum-allowable secondary 
stress of 190 MPa. The combke-.! thermal-plus-pressure stress contours induced by the 
10-MPa coolant are shown in Fig. 8.3-l(C). Note that the pressure stress calculations 
are conservative because the pressure will be significantly lower than 10 MPa at that 
location of the first wall. Nevertheless, the combined thermal-plus-pressure stress peak 
of 77 MPa is well below the maximum-allowable pressure-stress limit of 140 MPa. 
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8.3.2.3. Global deformation 

Using the finite-element model, deformations of the order of 0.04 mm in the poloidal 
direction were calculated. This deformation assumes that the first wall is free to expand 
poloidally. If the entire first wall were to be exposed to the same surface heat flux as the 
modeled section, the global deformation would be on the order of ~-2.5 cm in the poloidal 
direction for the entire first wall. Such deformations are readily absorbed by properly 
designed floating headers. Note that these results are only meant to indicate the severity 
of thermal deformations. An accurate deformation profile would require modeling the 
first wall in its entirety in both the toroidal and poloidal directions and would include 
the effects of variable thermal and pressure loads. 

8.3.2.4. Thermomechanical analysis at end of life 

To estimate thermomechanical response of the first wall at the end of life (EOL), geo
metric =md material property changes need to be included. For ARIES-I, EOL is defined 
as ~18 MWy/m 2 of neutron exposure. From a structural point of view, the 2-mm-thick 
CVD SiC layer facing the plasma has been sputtered away at EOL. The first-wall EOL 
geometry assumes a complete removal of the 2-mm-thick CVD SiC layer, thus exposing 
the SiC composite material directly to the plasma. The degradation of properties was 
incorporated by choosing conservatively low values for thermal conductivity, matrix and 
fiber strengths, and a 10% matrix-void fraction for the SiC composite. Although these 
properties may not adequately reflect EOL characteristics of SiC composites, lack of a 
data base prohibits further extrapolations. Using the finite-element analysis outlined 
above, the EOL analysis shows a maximum SiC-composite temperature of about 960°C, 
and a maximum thermal stress of about 25 MPa. Maximum thermal-plus-pressure stress 
is about 69 MPa. The above analysis indicates that even with the loss of the 2-mm-thick 
CVD layer, the thermomechanical response of the first wall stays well below the allowable 
design limits. 

It should be noted that the CVD layer provides a leakage barrier. During the course 
of the ARIES-I design study, several options for a renewable layer were investigated 
briefly. For SiC, the most likely method would be to plasma spray the inside of the 
vacuum chamber by remote control. Although automated plasma spraying of ceramics 
has been demonstrated successfully, the resultant structure may not have adequate gas 
leak tightness. 
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8.3.3. Blanket Structural Analysis 

The blanket module consists of 17 nested layers of channel walls (Sec. 8.3). Of concern 
are the major bending stresses on the outer blanket module shell (i.e., the first wall). 
The inside of the blanket is pressurized with a 0.4-MPa helium-purge stream and the 
first-wall dimensions are approximately 1.7 m x 6 m. Thus, the bending moments on an 
unsupported first wall wilt be unacceptably high. In order to lower the bending stresses 
on the first wall to acceptable levels, the choice was made to use tie rods to connect the 
first wall to the back of the blanket module. 

The tie rods are SiC composite with (mostly) axially running SiC fibers. With the 
majority of the fibers running parallel to the load direction, 1-mm-diameter rods are 
sufficiently strong, given that degraded SiC-yarn tensile strengths are estimated to be 
around 370 MPa. To model the approximate pitch between tie rods, simple bending-stress 
equations were used to estimate the minimum square pitch that would be necessary for 
the support rods. With 10 cm between tie rods, the maximum bending stress on the first 
wall is about 55 MPa. However, reducing the distance to 5 cm decreases the bendiiig 
stress to 14 MPa so this spacing is chosen. Although the bending stress is added to 
the local stresses in the first wall, the maximum thermal-plus-pressure stress is not more 
than 77 MPa so an additional 14 MPa will not surpass the maximum-allowable design 
stress limit of 140 MPa. In case of a tie-rod failure, the maximum bending stress could 
increase to about 55 MPa, which is still below the maximum-allowable design stress 
limit when combined with the 77-MPa maximum-allowable stress in the first wall. These 
simple calculations are intended only to scope the feasibility of using SiC composites as 
structural material for the ARIES-I reactor. A full-scale thermomechanic:.,! calculation 
of the first-wall and blanket module would require a 3-D model analysis, which is beyond 
the scope of this study. 

8.4. NEUTRONICS AND ACTIVATION 

The level of activation (and specific radioactive isotopes) in the first wall and blan
ket depends entirely on material selection, which can cause differences of many orders of 
magnitude. The goals of the ARIES-I reactor design study are to maximize the safety at
tributes and to minimize the environmental impact of the reactor. As such, the ARIEST 
team has paid particular attention to the following: 

• Safety. Safety, the most important concern in developing a reactor concept, is 
generally related to the radioactive inventories and the potential for their release. 
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The design approach for the ARIES-I blanket is to minimize the production of 
radiologically hazardous materials and decay afterheat, which is the main source of 
energy driving the first wall and blanket above their melting temperatures during 
accidents. 

• Normal operation and decommissioning. During normal operation and under 
accident conditions, the protection of working personnel from radiation exposure is 
very important. Minimizing the radioactive inventory in the ARIES-I design will 
help achieve the goal of "as low as reasonably achievable" exposure during normal 
operation and decommissioning. 

• Nuc lea r waste disposal and r euse of materials. Shallow-land burial (10CFR61, 
Class C or better) waste disposal is desirable for fusion reactors. In some cases, 
recycling resource-limited materials should also be made possible. These goals are 
achievable if the long-lived radioactive inventory is minimized. 

A comparative neutronics study of blanket concepts was performed for the ARIES-I 
reactor. The tritium breeders considered in the gas cooled systems included L i 2 0 , 
LiA£02, Li4Si0.4, and LijZrOs. Lithium aluminate was rejected because it produces 
a high level of long-lived radionuclide, KA£ (half-life of 7.2 x 105 y), which requires han
dling of high-level radioactive waste for disposal. We found that SiC, Be, and Li.|SiO., is a 
suitable combination that is capable of achieving the low-activation goals of the ARIES-I 
reactor design and also results in a blanket with a high nuclear performance (101, 102}. 
However, because of the lack of experimental data base for Li.,Si0.i and the potential con
cern of radiation effects, I^ZrOs is chosen as the reference solid breeder for the ARIES-I 
design. Unfortunately, the activation level and waste disposal concerns will increase 
because of its use (Sec. 10). 

Using a neutron-multiplier material increases the nuclear performance of the blanket, 
a desirable improvement for any fusion reactor. Neutron-multiplier material is also needed 
to achieve an adequate tritium breeding ratio (TBR) in almost all solid-breeder blanket 
configurations (a combination of SiC structure and L i 2 0 breeder is an exception). The 
only low-activation neutron-multiplier material is beryllium. Lead is the other possible 
non-fissionable neutron multiplier. However, the radiological hazard potential for lead in 
a fusion reactor is at least four orders of magnitude higher than for SiC or Be. 

The best approach for effective utilization of the beryllium neutron multiplier is to 
locate the Be immediately behind the first wall and to maximize the Be fraction in 
this zone. To enhance the nuclear energy multiplication in the ARIES-I blanket, we 



8-66 FUSION-POWER-CORE ENGINEERING 

also allow the excess neutrons to be absorbed in silicon (Q — 8.5 MeV), the constituent 
element in the SiC structural material. On the other hand, for the solid-breeder designs, 
the power density in the breeder zone should not be so high that the maximum operating 
temperature in the breeder exceeds the design limit. For these reasons, the ARIES-I 
reference design places a Be neutron-multiplying zone immediately behind the fir6t wall 
and the tritium solid breeder is uniformly mixed with Be to reduce the operating power 
density. However, high 6Li enrichment in the solid-breeder compound will be needed 
because of high 6Li burnup in the blanket. 

Table 8.4-1 shows the zones and the material composition of the ARIES-1 blanket 
and shield. The neutronics model used in the calculation assumes a 1-cm-thick first 
wall composed of 67% SiC and 33% helium (in this section fractions are all by volume). 
In front of the first wall, there is a 2-mm-thick SiC sacrificial layer (to account for 
particle erosion). The breeding zone is located immediately behind the first wall, is 
20 cm thick, and comprises 25% SiC, 70% breeder/multiplier mixture, and 5% helium. 
The composition of the breeder/multiplier is 20% solid breeder and 80% Be. Both the 
solid breeder and the Be have 90% of their respective theoretical densities. The packing 
fraction of the breeder and Be in this zone is 80% using two particle sizes. Figure 8.4-1 
displays the TBR, the blanket energy multiplication, M, and the 9 Be (n,2n) reaction 
rate as functions of breeder/multiplier zone thickness. The 0.2-m breeder/multiplier 
zone thickness was chosen based on the considerations of adequate breeding (1.2 in 1-D 
calculation) and minimum Be inventory. 

Two reflector zones are located behind the breeder/multiplier zones. The front re
flector zone is 0.1-m thick and comprises 25% SiC, 70% Be, and 5% He. The use of Be 
in this reflecting zone is primarily to enhance the blanket energy multiplic-tion (~3% in 
ARIES-I). The rear reflecting zone comprises 25% SiC (structure), 50% SiC (particles), 
and 25% He. The thickness of this SiC reflector zone in the inboard location is 0.07 
m, otherwise it is 0.37 m. Note that the nonstructural material in the reflector zones, 
either Be or SiC, is 90% dense and is with 80% packing fraction using two particle sizes. 
Figure 8.4-2 displays TBR and M as functions of the packing fraction of the Li 2ZrOa/Be 
particles. Note that the corresponding TBR will change by about 7% when the packing 
fraction of these breeder/multiplier particles varies by 10%, as shown in the figure. The 
blanket energy multiplication, however, is affected by only about 2%. 

The SiC reflector zone is followed by a 0.3-m-thick gas plenum composed of 75% SiC 
and 25% He. For the neutronics analysis, a lO-mm-f-ick vacuum vessel, which is made 
of tow-activation aluminum alloy, is assumed to be located outside of the gas plenum. In 
the final design, the vacuum vessel is located outside the shield, and 40 1-mm-thick A^ 
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Table 8.4-1. 
The ARIES-I Reference B lanke t 

Zone Thickness (cm) Composition 

First wail 

Sacrificial iayer 0.2 100% Si'J 

Structural wall 1 67% SiC + 33% He 

Breeding zone^''') 20 25% SiC + 70% breeder/multiplier + 5% He 

Reflector 1<6> 10 25% SiC + 70% Be + 5% He 

Reflector 2<6> 

Outboard 37 75% SiC + 20% void + 5% He 

Inboard 7 75% SiC + 20% void + 5% He 

Plenum 30 75% SiC + 25% He 

Vacuum vessel'^ 1 M alloy 

Shield 1 

Outboard 40 66.5% SiC + 28.5% B.,C + 5% He 

Inboard 40 56.0% SiC + 24.0% B,C + 20% He 

Shield 2 

Outboard 40 66.5% SiC + 28.5% B.,C + 5% He 

Inboard 30 66.5% SiC + 28.5% B,C + 5% He 

'"'Breeder/multiplier mixture is 20% breeder and 80% Be; 

the reference breeder is Li^ZrOu. 

'^Breeder and Be have 90% of theoretical density and a packing factor of 80% 

(density factor of 72%). 

<c'ln the final blanket design, the vacuum vessel is located outside the shields. 
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Figure 8.4-1. Tritium breeding ratio (TBR), blanket energy multiplication, M, and 
Be (n,2n) reaction rate as functions of breeder (Li 2Zr03)/multiplier (Be) zone thickness 
in ARIES-I reference blanket. 
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Figure 8.4-2. Tritium breeding ratio (TBR) and blanket energy multiplication, M, 
as functions of packing fraction of breeder (Li2Zr03)/ttuiUiplier (Be) particles in the 
ARIES-I blanket. 
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sheets are sandwiched between SiC plates in the shield. This difference, however, is not 
expected to cause any appreciable changes in the neutronics analysis. 

The magnet shield is located behind the blanket to protect the superconducting mag
net. Tor the ARIES-I reactor, the inboard shield is 0.7-m thick. The 0.3-m region closest 
to the magnet uses a high density shield consisting of a 95% SiC/B|C mixture (respec
tively, 70% and 30%) and 5% He. The 0.4 m of shield close to the blanket vessel is made 
of low-density shield particles. The packing fraction of these variable-size SiC and B|C 
particles is 80%, which allows the particles to be extracted to create extra space behind 
the vacuum vessel when the vessel is to be disassembled- (This shield arrangement, how
ever, should be reversed when the vacuum vessel is outside the shield, as it is for the 
final ARIES-I blanket design.) The shield elsewhere is designed to be 0.8-m thick and is 
made of high-density shield materials. The shield is cooled by low-temperature helium. 

The total blanket thickness for the inboard location is 0.7 m, while it is 1,0 m else
where. The overall blanket and shield thickness for the inboard location is 1.4 m, and 
1.8 m elsewhere. The inboard blanket and shield are capable of protecting the supercon
ducting magnet against radiation damage throughout the lifetime of the ARIES-I power 
plant. In addition to protecting the magnet, the 1.8-m thickness elsewhere is designed 
to reduce the activation level of the reactor materials behind the blanket and shield 
component such that hands-on maintenance may be possible behind the shield. 

Table 8.4-II displays the neutronics performance of the ARIES-I blanket and shield. 
The 6Li enrichment in the LijZrO.i solid breeder is 80% at the blanket beginning of life. 
At r.he end of life (after 20-MWy/m 2 neutron fluence), the 6L5 enrichment is reduced to 
20%. Figure 8.4-3 shows the TBR and M as functions of GLi enrichment in the breeder. 
The TBR for ARIES-I from a 1-D full-coverage analysis is 1.21 at the beginning of lite 
and is reduced by 5.6% to 1.15 at the end of life. The average TBR over the blanket 
life is 1.18, which is more than enough to guarantee adequate tritium production in a 
realistic 3-D geometry that includes allowance for the divertors. The blanket energy 
multiplication is initially 1.30, and then increases slightly to 1.32 at the blanket end of 
life. 

Figure 8,4-4 depicts the distribution of volumetric nuclear-heating rates which are 
normalized to 1 MW/m 2 of neutron wall loading. The maximum volumetric nuclear 
heating of 11 M W / m 3 occurs at the breeder zone immediately behind the SiC first wall. 
However, the volumetric nuclear heating at the SiC first wall is only 6,7 MW/m' 1 . At 
the inboard region of the superconducting magnets, the maximum nuclear heating rate 
is --370 W/m* and the fast neutron (energy above 0.1 MeV) flux is 2.3 x 10" n/m 2 -s 
(also normalized to 1 MW/m 2 of wall loading). The superconducting magnet is more 



8.4. NEUTRONICS AND ACTIVATION 8-71 

Table 8.4-II. 
Neutronics Performance of the ARIES-I Blanket and Shield 

Beginning of Life'"' End of LifeW 

Tritium breeding (T/DT neutron) 
6 Li (n,a)T 1.1994 1.1337 
7 L i ( n f n ' a ) T 0.0036 0.036 

Be (n,T) 0.0112 0.0114 

Neutron multiplication (reactions/DT neutron) 

Be (n,2n) 0.7516 0.7643 

Nuclear heating (MeV/DT neutron) 

First wall 0.8375 0.8449 

Breeder zone 13.35 13.06 

Be reflector 1.317 1.413 

SiC reflector 2.284 2.651 

Plenum 0.5495 0.6345 

Total blanket heating 18.34 18.60 

Blanket energy multiplication 1.30 1.32 

Maximum nuclear heating rate (MW/m 3 ) ' 1 ' ' 

SiC first wall 6.7 

Breeder/multiplier mixture average 11.0 

At superconducting magnet (inboard) 

Maximum nuclear heating ( W / m ' ) ^ ' 370 

Maximum fast neutron flux (n /m' -s ) ' c ' 2.3 x 10 l ; l 

("'Beginning of life: 0 MWy/m 2 , 80% 6 Li. 

<6>End of life: 20 MWy/m 2 , 20% BLi. 

'^Normalized to 1 MW/m 2 of neutron wall loading. 
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Figure 8.4-3. Tritium breeding ratio (TBR) and blanket energy multiplication, M, as 
functions of 6Li enrichment in Li 2Zr0 3 breeder in the ARIES-I blanket. 
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Figure 8,4-4. Spatial distribution of volumetric nuclear-heating rates in the ARIES-I 
fusion power core (normalized to 1-MW/m2 neutron wall loading). 
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than capable of operating continuously for 40 full power years since the radiation damage 
limit is believed to be 1.0 x 10 2 n n /m 2 fast neutron fluence and the neutron wall loading 
at the inboard region is 2.4 MW/m 2 . 

8.5. THERMAL ANALYSIS 

8.5.1. Thermal Hydraulics 

In order to optimize the thermal efficiency of the blanket system, thermal-hydraulic 
analysis was closely coupled with materials selection and with the structural, mechanical, 
and neutronics designs. This was especially true during the concept evaluation phase of 
the ARIES-I study. During this phase, the thermal-hydraulic designs of several differ
ent blanket concepts were studied. These included the FLiBe loop design, the 0.5-MPa 
COj-gas and solid-particulate mixture design, the 5-MPa helium-cooled poloidal-fiov de
sign, and the 10-MPa helium-cooled nested-shell design (Sec. 8.1 and Figs. 8,1-1 through 
8.1-6). 

The reference ARIES-I blanket is shown in Figs. 8.1-5 and 8.1-6. The blanket is 
configured in the form of nested SiC-composite shells in which small coolant channels 
{0.5- to 0.8-cm diam) are embedded. The helium coolant enters the blanket from the inlet 
plenum, which is located between the reflector and the shield. Coolant then flows radially 
inward towards the first wall. It cools the first wall while flowing in the toroidal direction 
before it turns and flows radially outward away from the first wt ]\ into the coolant 
outlet plenum. This coolant routing configuration was selected to provide adequate 
cooling of the blanket materials and to minimize the blanket pressure drop. In order to 
maintain the breeder and Be within their material temperature limits, it was necessary 
to minimize the maximum local power density. The solid breeder is mixed with the 
Be in order to reduce the effective power density and to increase the effective thermal 
conductivity of the mixture. A detailed estimate of the thermal conductivity of the 
sphere-pac mixture was performed (Sec. 8.5.2) and the results were used in the heat 
transfer calculations. For the sphere-pacs of the breeder/multiplier mixture and of the 
Be (in the reflector zone), the estimated effective ther, ual conductivities are, respectively, 
4.6 and 7.3 W/K-m. Thermal-hydraulic design inputs are presented in Table 8.5-1. 

Including the first wall, there are 17 nested shells that have built-in coolant channels. 
Table 8.5-II shows the detailed configuration at the mid-plane location of the blanket 
where the neutron and surface wall loadings are at their maximum values of, respectively, 
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Table 8.5-1. 
Thermal-nydraulic-Design Input Parameters 

Reactor geometry 

Major toroidal radius, R (m) 6.55 

Minor plasma radius, a (m) 1.5 

First wall area (m 2 ) 711 

Module width ( a ) (m) 1.76 

Module height (m) 

Outboard 7.0 

Inboard<6> 8.5 

Number of modules^' 32 

First-wall circular tube diameter (m) 

At raid-plane 0.008 

At top and bottom of the module 0.0065 

Material 

Structure SiC composite 

Breeder (sphere-pac) Li2ZrO;,<c> 

Multiplier (sphere-pac) Be-metal 

Reflector SiC 

Coolant He (10 MPa) 

Inlet temperature (°C) 350 

Outlet temperature (°C) 650 

'"'Same for inboard and outboard. 

''''Covering the back of divertors. 
( c 'Mixed with Be. 
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Table 8.5-1 Cont'd 

Property inputs 

SiC thermal conductivity (W/K-m) 10 

Breeder packed-bed effective thermal conductivity (W/K-m) 4.6 

Packed-bed and surface-contact heat-transfer 

coefficient^) (W/K-m 2 ) 6,649 

Large sphere-pac particle size (mm) 1.0 

Small sphere-pac particle size (mm) 0.1 

First-wall minimum structural thickness (m) 0.001 

First-wall CVD erosion-layer thickness (m) 0.002 

Channel wall thickness (m) 0.001 

Channel path length (m) 3.36 

Fusion power (MW) 1963 

Blanket multiplication ratio 1.3 

Neutron wall loading (MW/m 2 ) 

Average*"1 2.207 

Maximum*6' 3.340 

Surface heat flux (MW/m 2 ) 

Average*0* 0.353 

Maximum' 6 ' 0.553 

Maximum nuclear-heating rate (MW/m 3 ) 

First wall (SiC) 23.38 

Breeder/multiplier 28.9 

top and bottom of the outboard poloidal module. 

*6'At mid-plane. 

* c'Gas conductivity and small particle radius. 
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Table 8.5-II. 
Outboard First-Wall and B r e e d e r Shell G e o m e t r y 

Minimum Volume Fractions 

Solid Zone Thermal Radial (100% dense material) 

No. of Thickness Power Thickness SiC 

Shells (cm) Fraction (cm) Shell Void Solid 

Mid-plane location'"' 

First wall 1 0.185 1.2 0.50 0.50 

Breeder/multiplier 

Zone 1 2 1.1 0.160 4. 0.24 0.26 0.50 

Zone 2 3 1.1 0.167 6. 0.24 0.24 0.52 

Zone 3 5 1.1 0.271 10. 0.24 0.23 0.53 

Beryllium reflector 2 4.1 0.064 10. 0.10 0.27 0.63 

SiC reflector 4 8.6 0.15 38. 0.05 0.27 0.68 

Reflector/plsna 30. 0.75 0.25 

Top and bottom locations' 6 ' 

First wall 1 0.185 1.05 0.57 0.43 

Breeder/multiplier 

Zone 1 2 1.2 0.160 4. 0.23 0.25 0.52 

Zone 2 3 1.2 0.167 6. 0.23 0.24 0.53 

Zone 3 5 1.2 0.271 10. 0.23 0.23 0.54 

Beryllium reflector 2 4.2 0.064 10. 0.09 0.27 0.64 

SiC reflector 4 8.7 0.15 38. 0.05 0.27 0.68 

Reflector/plena 30. 0.75 0.25 

'"'First-wall channel diameter is 8 mm; shell channel diameter is 5 mm. 

'' 'First-wall channel diameter is 6.5 mm; shell channel diameter is 4 mm. 



8-78 FUSION-POWER-CORE ENGINEERING 

3.87 and 0.61 MW/m 2 . Table 8.5-II also shows the detailed configuration at the top and 
bottom locations of the outboard blanket where the neutron and surface wall loadings 
are, respectively, 2.48 and 0.39 MW/m 2 . The temperature distribution in the blanket 
was evaluated for six radial zones (Table 8.5-II). As indicated, the coolant channels have 
slightly different diameters at different vertical locations to allow for the poloidal variation 
of the neutron and surface wall loadings while maintaining similar pressure drops along 
the same blanket shell. 

The volumetric power generation of the reference design was discussed in Sec. 8.4. Re
sults of the thermal-hydraulic calculations of the ARIES-I outboard blanket are presented 
in Tables 8.5-III and 8.5-IV, respectively, at the mid-plane and at the top and bottom 
of the blanket modules. The first-wall maximum temperature is 1000° C, less than the 
SiC design limit of 1100 °C. The Li2ZrC>3 breeder has maximum temperatures of 908 and 
933 °C occurring where the maximum volumetric power is generated, respectively, at the 
front and at the back of the blanket zone. This shows that the breeder material can 
be designed to within the recommended operational window of 400 to 1400°C [8] for 
I^ZrOa. The Be reflector zone can be designed to less than 900 °C. At the SiC reflector 
zone, the maximum SiC sphere-pac temperature is 1075"C. These results should also be 
representative of the inboard blanket modules, which operate at somewhat lower wall 
load. 

As shown in Figs. 8.1-5 and 8.1-6, the helium coolant enters the blanket from the 
inlet plenum which is located in the shield behind the blanket and reflector. It then 
flows radially inward towards the first wall. It cools the first wall while flowing in the 
toroidal direction before it turns and flows radially outward away from the first wall 
into the coolant outlet plenum. A schematic of the ARIES-I coolant path is given in 
Fig. 8.5-1. Table 8.5-V shows the estimated pressure drops in the outboard blanket 
including frictional losses, turns, and contractions and expansions. The total blanket 
pressure drop is 43.31 kPa. The external pressure drop through the steam heat exchanger 
and circulator is about 37.5 kPa [103]. Therefore the total blanket-loop internal and 
external pressure drop is 80.81 kPa. By assuming a similar pressure drop in the inboard 
blanket modules, the total pumping power is 17.1 MW. At a circulator efficiency of 90%, 
the blanket-loop pumping power is about 19 MWe, 

8.5.2. Effective Thermal Conductivity of Packed Beds 

Some of the many heterogeneous systems currently in use are packed beds and com
posite materials, foamed metals and glasses, emulsions, mixtures of solids in gases and 
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Table 8.5-IIL 
Thermal-Hydraulic Results 

(outboard module , mid-plane location)!"' 

Velocity h Surface Maximum Pressure 
(m/s) (W/K-m 2 ) Temp (°0) Temp (°C) Drop (kPa) 

First wall 
Inboard 19 2,088<6> 655 718 
Mid-plane 24 2,153^ 796 858 
Outboard 29 2,208<l,> 938 1,000 

Breeder/Be, Zone 1 
Inboard 14 2,079 504 613 
Mid-plane 17 2,145 654 764 
Outboard 20 2,208 798 908 

Breeder/Be, Zone 2 
Inboard 10 2,148 500 610 
Mid-plane 12 2,219 650 795 
Outboard 14 2,280 795 938 

Breeder/Be, Zone 3 
Inboard 9 1,520 535 645 
Mid-plane 11 1,571 685 745 
Outboard 14 1,613 828 938 

Beryllium reflector 
Inboard 5 997 458 570 
Mid-plane 7 1,030 607 720 
Outboard 8 1,058 754 866 

SiC reflector 
Inboard 6 1,132 476 780 
Mid-plane 8 1,170 625 929 
Outboard 9 1,202 770 1,075 

20.2 

22.0 

24 6 

11.6 

4.62 

6.12 

'"'First-wall channel diameter is 6.5 mm; shell channel diameter is 4 mm. 
' 6 '20% reduction assumed due to non-symmetric surface heat flux (Sec. 8.7). 
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Table 8.5-IV. 
Thermal-Hydraulic Results 

(outboard module, top and bot tom locations)'"' 

Velocity h Surface Maximum Pressure 
(m/s) (W/K-m 2 ) Temp (°C) Temp (°C) Drop (kPa) 

First wall 
Inboard 16 1,891^ 566 606 
Mid-plane 20 1,950<6> 709 749 
Outboard 24 2 ,000 w 854 894 

Breeder/Be, Zone 1 
Inboard 12 1,925 462 546 
Mid-plane 14 1,986 612 696 
Outboard 27 2,000 759 843 

Breeder/Be, Zone 2 
Inboard 8 1,989 460 544 
Mid-plane 10 2,055 610 694 
Outboard 12 2,111 756 839 

Breeder/Be, Zone 3 
Inboard 8 1,489 482 565 
Mid-plane 10 1,538 631 715 
Outboard 12 1,580 777 860 

Beryllium reflector 
Inboard 5 923 425 501 
Mid-plane 6 954 575 650 
Outboard 7 980 722 798 

SiC reflector 
Inboard 5 1,048 436 636 
Mid-plane 7 1,083 586 758 
Outboard 8 1,112 733 932 

19.3 

23.2 

25.0 

13.8 

4.6 

6.18 

'"^First-wall channel diameter is 6.5 mm; Shell channel diameter is 4 mm. 
' f r ,20% reduction assumed due to non-symmetric surface heat flux (Sec. 8.7). 
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Figure 8.5-1. ARIES-I blanket coolant-routing schematic. 

Table 8.5-V. 
ARIBS-I Outboard Blanket Pressure Drop (Pa) 

Coolant Contraction 
Designation'"' Description Frictional Turns & Expansion 

a Enters the blanket 297 
ab Inlet pipe 29 
b Turns into plenum 85 593 

bcfg Plenum flow 2,288 
c Turns into blanket 87 3,346 
d Turn 87 
e Turn 87 

cdef Blanket channel flow 25,000 
f Turns into plenum 87 9,839 
g Turns into outlet pipe 133 436 
gh Outlet pipe 45 
h Exits the blanket 872 

Total<6> 27,362 566 15,383 

WCoolant path locations as given in Fig. 8.5-1. 
(b>Total blanket pressure drop is 43.31 kPa. 
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liquids, gels, alloys, ceramics, etc. A heterogeneous system comprises two or more con
stituent elements: one is the continuous medium and the remainder are discontinuous 
media. In foamed glass, the continuous medium is glass and the discontinuous medium is 
a gas. In a packed-bed discontinuous system, the continuous medium is a fluid and there 
may be one or more discontinuous media of solid materials. A heterogeneous system 
may also have more than two different materials, leading to a multiphase system. Again, 
the solid discontinuous medium may have particles of different sizes leading to binary or 
ternary beds. 

The blanket of ARIES-I is a packed bed with spherical particles. The continuous 
phase is He gas. In the multiplier and reflector zones, the discontinuous phase comprises 
binary Be spheres with 1- and 0.1-mm diameters. In the breeder zone, the discontinuous 
phase comprises binary solid spheres of the breeder material, Li 2ZrOa (0.1-mm diam), 
and Be (1-mm diam). Therefore, the multiplier and reflector zones are binary, two-phase 
packed beds and the breeder zone is a binary, three-phase packed bed. The packing 
factors are about 0.6 for beds with single spheres and about 0.8 ( i ; 0.6 + 0.6 x 0.4) for 
binary beds. 

The effective thermal conductivity of a packed bed depends upon many variables and 
is not easy to analyze completely. Among the variables are: (1) thermophysical prop
erties of all of the phases, (2) packing factor, (3) size and shape of the solid particles, 
(4) pressure and temperature, (5) the nature of contact of the solid particles, (6) pres
ence of oxide layer, (7) the nature of solid surface, etc. Large amounts of theoretical, 
numerical, and experimental data are available for the determination of effective thermal 
conductivity of a heterogeneous medium. However, work is continuing because further 
improvement and refinement of these analyses are necessary. The purpose of this sec
tion is to find the best possible estimate for the effective thermal conductivities of the 
packed-bed blanket zones for ARIES-I by reviewing the existing literature. 

8 .5 .2 .1 . Avai lable work 

Work on effective thermal conductivity of a heterogeneous medium dates back to 
the 1880s [104, 105] and an excellent review of work in this area is provided by Nozad 
et al. [106]. The effective thermal conductivity, fccy/, of a porous medium is given by [107] 

Ku = k.(l-P), (8.5-1) 
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where k, is the thermal conductivity of the solid and P is its porosity. Hamilton [108,109] 
provided a theoretical expression for fee// for a multiphase mixture: 

*e)] = fcrU-E ,Pi{n,-l){kc-k,) 
k + [n-i - l)kc 

i + E 
Pdk-ki) 

k, + (n, - l)kc 

(8.5-2) 

where fcc is the thermal conductivity of the continuous phase, k, is the thermal conductiv
ity, Pi is the porosity, and n, is the shape factor of the particles. The subscript i signifies 
the i th phase. The shape factor is given by 

(8.5-3) 

where 9 is the sphericity of the solid particle. The shape factor is equal to 1 for a sphere 
and is defined as the ratio of the surface area of a sphere of volume equal to that of a 
particle to the surface area of the particle. 

There are studies where an analytical solution from a simplified model is derived and 
then modified to account for other effects such as pressure, temperature, radiation, oxide 
layer, contact, efc. [110, 111), For a cubic-packed model of spherical particles, Hall and 
Martin [ l l l j , provided the following equation for the effective thermal conductivity: 

hi! ir 8 — 1 - Ini 
2 ' (S-iy + 1 

TT 

4 ' 
(8,5-4) 

This equation accounts for conduction only through the solid and gas. The gas con
ductivity is fes and 6 is the ratio of solid-to-gas thermal conductivities. Their modified 
equation to account for low pressure and iadiation effects is 

* c / / 

•\{ 

where 

! l ' X 1 + m In ' 5(1 + Am) + m 
\S{1-X)-1 [ * ( i - A ) - l ] * n (l + £A)(l + m) 

( I - ; ) ( I - A , , 

. idp<rT:i 

]} 

k9 [(2/0 - 1] 

(8.5-5) 

(8.5-6) 

In these two equations, m = g/dp, <r is the Stefan-Boltzmann constant, d„ is the particle 
diameter, e is the emissivity of the solid, T is the gas temperature, and g/2 is the 
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temperature jump distance. Accounting for the Knudsen effect, the effective thermal 
conductivity of a gas between two parallel plates separated by a distance I is given by 

«S" - ifa • <»•") 
Ades and Peddicord (112j conducted numerical and experimental studies of binary 

and ternary packed beds with spherical particles. A schematic diagram of a. ternary bed 
is reproduced ^rom Ref. [112] in Fig. 8.5-2. They found a factor of about 2 increase in 
effective thermal conductivity from a single sphere to a binary bed. 

Heat transfer in multiphase systems has also been analyzed theoretically, using volume 
averaging method, by Nozad et al. [106], Batcheior and O'Brien [113], Hadeiy [114], and 
Shonnard and Whitaker [115], among others. Figure 8.5-3 shows Nozad's result and 
comparison with experimental data. 

Reference [113] obtained solutions for the effective bed therma 1 -onductivity in closed 
forms by inner and outer expansions of the volume-averaged equvJons. The inner ex
pansion solution corresponds to the point contact and the outer expansion solution to 
good contact between the solid particles, The inner expansion solution is given by 

Equation (8.5-8) and the numerical solution of Uef, [106] are very close in the range 
kjkg = 100 to 1000 and also represent the experimental data well. The comparison 
between Eq. (8.5-8) and the numerical solution in Ref. [106] is shown in Fig. 8.5-4 from 
Ref. [1151. 

Abdou et al. [116} performed bed conductance experiments with binary mixtures of 
At and Cu with He and N 2 as the fill-gases. Adnani et al [117] have done 2-D numerical 
modeling for effective bed conductivity with the capacity to incorporate contact and 
surface roughness effects. 

8.5.2.2. Effective bed conduct iv i t i es for ARJES-I blanket 

The effective thermal conductivity of a gas in a small gap in given by Eq. (8.5-7). 
The temperature jump distance, g/2, is given by [118] 

2 - a 7 1 , 
a 1 + 7 Pr 
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F i g u r e 8.5-2. A schematic of a packed bed with spherical solids of different diame
ters [112]. 
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F i g u r e 8.5-3. Verification of the numerical solution of Ref. [106] by experimental data. 
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Figure 8.5-4. Comparison of inner expansion solution of Ref. [113] and the numerical 
solution of Ref. [106] (from Ref. [11C]). 

where a is thermal accommodation coefficient, 7 is the ratio of specific heats, Pr is 
the gas Prandtl number, and A is the mean free path of the gas molecules at the gas 
temperature and pressure. Knudsen domain is assumed for I < 100A. The mean free 
path is a function of temperature and pressure and is given by 

" 4N*<Pm - X ° T o V 

(8.5-10) 

where ?/ is number of molecules per unit volume, J m is the molecular diameter, and pa 

and T0 are, respectively, the standard atmospheric pressure and temperature at which 
the mean free path, AD, is equal to 8.89 x 1 0 - 2 7 dj„ (m). The thermal accommodation 
coefficient, a, is a function of temperature, pressure, fill-gas properties, wall material, and 
surface conditions. The coefficient a is determined experimentally, but precise measure
ment of a is difficult and has been done only for a few solid-gas combinations. Ullman 
et al. [119] measured a to be about 0.3 at 500 K and about 0.1 at 1200 K for He with 
316 SS and with UO s . 

Figure 8.5-5 shows the variation of k^J/ with pressure for He fill-gas in the ARIES-1 
blanket where the gap size is taken to be equal to the diameter of the smaller spherical 
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F i g u r e S.5-5. Variation of effective thermal conductivity of He with pressure. 

particle (0.1 mm). It is seen that the effective gas conductivity becomes close to 0.3 
at a pressure of 4 atm. At this pressure and the expected temperature of the ARIES-I 
blanket, the gap size is more than 100 times the mean free path. There is no experimental 
data available for the thermal accommodation coefficient for the He-Be and He-LijZrOs 
combinations. Therefore, H is decided to avoid the Knudsen effect on the effective fill-gas 
thermal conductivity by raising the purge-gas pressure to 4 atm. 

Assuming 10% porosity in Be and L i 2 Zr0 3 , their effective thermal conductivities at 
the ARIES-I blanket temperature become, respectively, 81 and 1.2 W/K-m, according 
to Eq. (8.5-1). Radiation and oxide layer effects are assumed to be negligible. Among 
the various equations and correlations for effective bed conductivity, Eq. (8.5-8) and the 
numerical solution in Ref. (106] are supported by a wide variety of experimental data 
and over a wide range of solid-to-gas conductivity ratios. In the multiplier zone, the 
conductivity ratio is 81/0.3 = 270. Equation (8.5-8) is valid for ka/kg = 100 to 1000. 
This equation is used, therefore, to estimate the effective beii conductivity with single-
size solids. This number is then modified to obtain the effective bed conductivities for 
the multiplier and breeder zones, which are, respectively, two- and three-phase binary 
beds. 
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Mul t ip l i e r zone . Equation (8.5-8) gives effective thermal conductivity of 3.4 W/K-m 
for single-size solids. For a binary bed, the factor by which the effective bed conductivity 
increases is about 2 from Ref. [112] and 2.3 from Eq. (8.5-2) for packing factors of 0.6 and 
0.8. Therefore, the effective thermal conductivity of the multiplier zone of the ARIES-I 
blanket is taken to be 7.3 W/K-m (3.4 x 2.15). 

B r e e d e r zone . In the binary bed of the breeder Zone, the smaller spherical soKds are 
L i 2 Z r 0 3 (k = 1.2 W/K-m) instead of Ee (k = 81 W/K-m). According to Eq. (8.5-2), the 
resulting reduction in the effective conductivity is about 37%. Therefore, the effective 
bed conductivity for the breeder zone of the ARIES-I blanket is taken to be 4.6 W/K-m 
(7.3 x 0.63). 

At the bed wall, the number of contact points is larger than that inside the bed. 
This should increase the effective conductivity adjacent to the wall. However, the gap 
size becomes nearly half of that inside the bed, thus making the Knudsen effect more 
pronounced near the wall. The general belief is that these two opposing effects cancel 
each other. Therefore, the effective thermal conductivity at the packed-bed wall is taken 
equal to that inside the bed. 

8.6. TRITIUM PURGE-FLOW DESIGN 

The reference ARIES-I blanket design uses SiC composite as the structural material, 
10-MPa helium as the coolant, I^ZrOs as the solid tritium breeder, and beryllium-metal 
sphere-pac pellets as the neutron multiplier. The blanket is segmented toroidally into 32 
inboard and 32 outboard poloidal modules. Each poloidal module comprises 17 nested, 
U-shaped SiC-composite shells, as shown in Figs. 8.1-5 and 8.1-6. The sphere-pac solid-
breeder and Be neutron-multiplier mixture is located between the shells. The tritium 
systems, including estimates of blanket tritium inventory, are described in Sec. 6. 

For the extraction of bred tritium, a separate helium purge stream that flows through 
the breeder sphere-pac material is used. The helium purge-stream pressure is 0.4 MFa. 
This pressure was selected in order to maintain adequate effective thermal conductivity 
of the sphere-pac bed. Details of this analysis are reported in Sec. 8.5.2. To form the 
purge flow stream, 1-mm-thick porous SiC-fiber sheets are located on each side of the 
tube-bank-geometry coolant-channel shell. The triangular shaped channel that is formed 
between adjacent cylindrical coolant tubes and the porous sheet becomes the blanket-
zone purge-flow channel. This allows the shortest fl-uw path (i.e., half of the individual 
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breeder-zone thickness) for the bred tritium to migrate before it reaches a purge flow 
channel. These purge flow channels are then connected to the purge-flow collection 
channels at the end of the blanket shells. The purge stream then flows vertically to the 
external tritium purge-flow collection pipes. 

For the reference design, the Li2ZrOa breeder and Be multiplier sphere-pac is com
posed of 1- and 0.1-mm-diameter pellets. If these sizes lead to excessive purge-flow 
pressure drop, a combination of larger size pellets (1.5- and 0.2-mm-diam) will be ac
ceptable. With the larger size pellets, a pellet packing fraction of about 80% can be 
maintained [120]. Similarly, with the large 1.5-mm pellet, the minimum channel dimen
sion (1.1 cm) to pellet diameter ratio is larger than 7. Therefore, the problem of bridging 
during the filling operation of the sphere-pac into the breeder zone is not expected. De
tails of the purge flow design, including the purge-channel detailed configuration, pressure 
drop, and the extraction loop, need further study. 

8.7. HEAT TRANSFER IN PLASMA-FACING COMPONENTS 

8.7 .1 . Un iqueness of H e a t Transfer in P lasma-Fac ing C o m p o n e n t s 

A coolant channel in plasma-facing components, such as the first wall and divertor 
plates, has circumferentially varying surface heat flux because the plasma radiation is 
incident only on the plasma-facing side of the channel. Convective heat transfer with 
nonuniform heat flux varies significantly from the uniform heat-flux case because the 
temperature field becomes asymmetric under the influence of nonuniform heat flux. As 
a result, the thermal entry length, and the Nusselt number (Nu) in the entry region 
and in the steady state are greatly affected. Therefore, thermal-hydraulic designs of the 
plasma-facing components must account for the effects of nonuniformity of the surface 
heat flux. 

Work in this area for fusion applications is rather limited and continues. Hasan [121] 
performed analytical work to investigate the effects of nonuniformity of surface heat flux 
and fully developed laminar velocity profiles on heat transfer in a circular tube and on 
the thermal-hydraulic design of fusion reactors. This work also investigated the effects 
of a transverse magnetic field on liquid-metal heat transfer by assuming a power velocity 
profile to approximate the flattening of the velocity profile. The first analytical and 
semi-analytical work in convective heat transfer with nonuniform heat flux was done by 
Reynolds [122, 123]. Analytical solutions are, however, difficult or impossible in many 
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practical cases. Hasan and Kunugi have recently obtained numerical solutions to various 
laminar and turbulent heat-transfer problems for the plasma-facing components of fusion 
reactors (see Refs. [124-127]). 

In ARIES-I, the primary coolant is helium flowing through circular tubes in the first 
wall and divertor plates. The flow is non-magnetohydrodynamic and turbulent. This 
section presents the results of the numerical analysis in order to provide heat transfer 
guidelines for the thermal-hydraulic designs of the first wall and divertor plates for the 
ARIES-I reactor. 

8.7.2. Formula t ion and Solution of t h e P r o b l e m 

The physical details of the heat transfer problem in the plasma-facing components 
using circular coolant tubes are shown in Fig. 8.7-1. The uniform radiation heat flux 
incident on a coolant tube is denoted by q'^, d is the tube diameter, and L is the axial 
length. The radiation heat flux is taken to be uniform along the axis of the tube. A 
cylindrical (r, 6,z) coordinate system is used in the numerical solution. 

8.7.2.1. Govern ing equa t ions 

The transient, three-dimensional (3-D) energy equation can be written as 

9(pcpT) 
dt 

+ V-(pcpuT) = V 2 ( f e r ) - V - ( { ? c p u T ' ) ) + <?, (8.7-1) 

where Q is the volumetric heat source, t is time, T and 7" are, respectively, temperature 
and temperature fluctuation, Uj are the velocity components [u,v,w), x3 are the spatial 
coordinates (r,6,z), k, p, and cp are, respectively, the thermal conductivity, density, and 
specific heat capacity, and (•} denotes ensemble average of the bracketed quantity. The 
second term on the right-hand side of Eq. (8.7-1) is the turbulent heat-flux term. For 
laminar flow, this term is dropped. To close Eq. (8.7-1) for turbulent flow, a turbulence 
model is needed. 

The boundary conditions for Eq. (8.7-1) are 

~ 2 - " - 2 
?"(*) = 

A + BcosB, - £ <6< £ 
(8.7-2) 

2 ~ - 2 
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Figure 8.7-1. A circular coolant tube in a plasma-facing component showing the ge
ometry and heat flux conditions (the solution domain is 0 < 9 < w). 

where A ~ QNH&, B = qJJ, and QNH •« the volumetric nuclear heat generation in the 
tube wall. The ratio BjA gives a measure of the peakedness or nonuniformity of the 
surface heat flux. There are symmetry conditions at 6 = 0 and 6 = IT (Fig. 8.7-1) so the 
problem is solved in half of the tube (0 < $ < it). 

The conventional definition of Nu is used. Since the surface heat flux varies circum-
ferentially, Nu also varies along 8. In the entry region, Nu varies axially. Therefore, 

JVu(fl.z) = q'Wd 
k[Tw(0,z)-Tb(z))' (8.7-3) 

where Tw{Q,z) is the coolant/wall interface temperature and Tf,(z) is the fluid bulk tem
perature. 
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8.7.2.2. Turbulence model 

In general, many turbulent quantities need to be known. If both flow and temper
ature fields are analyzed, some turbulence model is necessary to close the system of 
equations. Usually a two-equation turbulence modeling (the so-called "k — e model of 
turbulence" [128]), which is coupled with the momentum equations, is used. The interest 
here, however, is to solve the energy equation only. Therefore, empirical correlations for 
turbulent velocity and eddy diffusivity profiles are used instead of solving the Navier-
Stokes and turbulence transport equations. 

Velocity profile. The well-known l/7th-power law of velocity [ 129] is assumed for the 
turbulent velocity profile and is given by 

w+ = 8 .65(3/ + ) l / 7 , (8.7-4) 

where w* = wjw' and y+ = yw' jv, w is the velocity component along z-direction, w" is 
the friction velocity, y is the distance from the wall, and v is the kinematic viscosity. 

Eddy diffusivity. The Reichardt formula [130] is used for eddy diffusivity: 

where K is the Karman constant (= 0.42) and R is the radius of the tube. This correlation 
is valid for y+ > 50. Figure 8.7-2 shows the velocity and eddy diffusivity profiles for 
Re = 10 s which is used fo: turbulent flow calculations. 

8.7.2.3. Numerical solution 

Equation (8.7-1) is discretized by a finite/control volume method in the computer 
code, CONDIF, which was developed as a transient 3-D fluid flow and heat transfer 
solver [131, 132]. This code uses the Euler implicit method for time advancing and 
the central differencing scheme for the spatial derivatives. The convective terms are 
approximated by a CONDIF method [133]. All variables are defined on the well-known 
staggered grid system. AH of the calculations presented here are done using the grid size 
10 x 15 x 50 in the r,9,z coordinates. 
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F i g u r e 8.7-2. Turbulent velocity and eddy diffusivity profiles for Re = 10 s . 

The CONDIF code is used directly for the case of laminar flow. However, the code 
needed to be improved for turbulent-flow heat-transfer calculations because a wall tem
perature is determined by using an equivalent eddy-diffusivity model applied to the near
est wall computational cell [134]. The equivalent eddy diffusivity, v", is defined as 

py 

Prt \cll*Rev (^~ - l ) + £ i n ( £ v + ) ] ' 
(8.7-6) 

where Rev is the Reynolds number based on a viscous sub-layer thickness, yv, Pr and 
Prt are, respectively, molecular and turbulent Prandtl numbers, C^ and E are turbulence 
model constants, and fi is the molecular viscosity coefficient. In Eq. (8.7-6), Prt = 0.9 
and Re„ = 20 have been used because these values are confirmed to be valid for many 
turbulent equilibrium flows [135]. 
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8.7.3. Resu l t s and Discussion 

Heat transfer calculations we been performed for both laminar and turbulent flows 
for the entry region as well as T steady state. The results are obtained for laminar 
flow with liquid lithium and foi 'irbulent flow with both liquid lithium and helium. 
For laminar flow, the Nu is indept deiii of coolant property and flow velocity. Helium 
pressure is assumed to be 10 MPa, \ >ich is the pressure in the ARIES-I design. 

Figure 8.7-3 shows the axial variath i of Nu at 8 = 0 for laminar and turbulent flows. 
The coolant is liquid lithium. The ratio B/A is the parameter. This figure shows that Nu 
at the point of maximum heat flux (at 9 — 0) is significantly reduced as the nonuniformity 
of heat flux (ratio B/A) is increased. This is true both in the entry region and in the 
steady state. 

Figure 8.7-4 shows the Nu for turbulent flow in the entry region for helium with 
conditions similar to those for ARIES-I. Nusselt numbers are shown for uniform heat 
flux (B/A = 0) and for B/A — 1 [Nu is at Q = 0). Compared with the turbulent flow 
Nu for liquid lithium, helium gives much higher values. However, the relative reduction 
of Nu at the point of maximum heat flux in the case of nonuniform heat flux is of similar 
magnitude. 

The variation of Nu (at 8 = 0) with B/A is shown in Fig. 8.7-5 for Poiseuille, slug, 
and turbulent flows. It can be seen that Nu decreases rapidly with B/A and levels off 
beyond B/A — 10. This reduction is substantial: 38%, 62%, and 37%, respectively, for 
Poiseuille, slug, and turbulent flows. 

The effect of nonuniformity of heat flux on the entry length is shown in Fig. 8.7-6 
for laminar and turbulent flows. The curves marked by 1% give the axial length from 
the entrance at which the Nu differs from its steady-state value by 1%; similarly for the 
curves marked by 10%. These results show that the entry length is greatly increased by 
the nonuniformity of the surface heat flux. For laminar flow in a circular tube, the entry 
length can be increased by a factor of 2.4. For turbulent flow, the corresponding factor 
is 3.5. 

8.7.4. Conclus ions 

Heat transfer in the plasma-facing components of a fusion reactor has been analyzed 
numerically to investigate the effects of nonuniformity of surface heat flux on a coolant 
channel in these components. Analysis has been performed for circulat-tube coolant 
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channels (as used in the ARIES-I design). The effects of the nonuniformity of surface 
heat flux on the Nusselt number and entry length are significant and must be taken into 
account for an accurate and safe thermal-hydraulic design of the plasma-facing compo
nents. 

The maximum wall temperature of a coolant channel in the plasma-facing components 
will occur at the point of maximum heat flux. The nonuniformity of surface heat flux 
reduces Nu at the same location. For both laminar and turbulent flows, this reduction 
in Nu can be up to 37% compared with uniform heat flux, thus increasing the film 
temperature drop by the same amount. The Nu is also reduced in the entry region. 
However, the entry length is increased by 2.4 and 3.5, respectively, for laminar and 
turbulent flows. 

In light of this study, it is recommended that the steady-state Nu for the thermal-
hydraulic design of the first wall and divertor plates of ARIES-I be reduced by 37% from 
the uniform heat-flux value. Otherwise, the maximum coolant-channel temperature will 
be underestimated. Even with the resulting increase of entry length, it is short relative to 
the total length of the coolant channel. Therefore, advantage cannot be taken of higher 
Nu in the entry region. A possible exception to this conclusion would be in the divertor 
plate design where the inlet is at the point of peak divertor heat flux. 

Further work in this area is neceseary and is continuing. Because of the approximate 
nature of turbulence heat-transfer model, experimental study is necessary. 

8.8 . S U M M A R Y A N D C O N C L U S I O N S 

A comparative study of blanket concepts was performed for the ARIES-I reactor. Af
ter a preliminary investigation of many possible blanket concepts, three were selected for 
further study: (1) FLiBe molten-salt-cooled, low-pressure with vanadium alloy structure; 
(2) gas-carried, particulate-cooled, low-pressure with ceramic composite structure; and 
(3) helium-cooled, high-pressure with ceramic composite structure. The tritium breeders 
considered in the gas cooled systems included L i 2 0 , L iA /0 2 , LijSi0 4 , and Li 2 C 2 ; the 
neutron-multiplier material was Be. 

Silicon-carbide composite was selected as the structural material for the ARIES-I 
blanket and shield because of its low-activation features. Beryllium metal was determined 
to be the neutron multiplier because of the high (n,2n) performance capability. Solid-
breeder materials, particularly L i 2 0 , Li^SiOi, and Li 2Zr0.i, were considered as breeder 
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material candidates for the ARIES-I blanket because of generally favorable thermal and 
physical properties, good tritium recovery, high-temperature capability, and low waste-
disposal concern-

Although SiC composites are still in their developmental infancy, this study indicates 
that they are a viable material for future fusion-reactor applications. The fabricability of 
SiC composite materials has been demonstrated, and the thermal and structural response 
has shown that an SiC-composite first wall for ARIES-I does not exceed the maximum-
allowable design criteria of temperature and stress; at the same time, SiC composite 
materials can tolerate temperatures well above those allowable for conventional metallic 
alloys. 

The reference AIUES-I blanket design uses SiC composite as the structural material, 
10-MPa helium as the coolant, L i 3 Z r 0 3 as the solid tritium breeder, and beryllium-
metal sphere-pac pellets as the neutron multiplier. The blanket is segmented toroidally 
into 32 inboard and 32 outboard poloidal modules. Each poloidal module comprises 17 
nested, U-shaped SiC-composite shells, as shown in Figs. 8.1-5 and 8.1-6. The sphere-pac 
solid-breeder and Be neutron-multiplier mixture is located between the shells. Thermal 
hydraulic and structural analyses indicate that all components operate below their re
spective temperature and stress limits. Using the rested-shell configuration, the total 
blanket-loop pumping power is reasr-^able at 19 MWe. 

Lithium zirconate was chosen as the reference solid breeder mainly because of its 
favorable stability behavior under neutron irradiation [8], Unfortunately, extensive iso-
topic tailoring of Zr is needed to reduce activation and afterheat. It should be noted 
that even aftei insive isotopic tailoring, the off-site dose from a severe accident in 
the ARIES-I re-i^or is still dominated by Zr. This provides an important incentive to 
develop low-activation solid breeders such arj LijSi04. Lithium oxide is also a viable 
low-activation solid breeder if the generation and migration of LiOT at high temperature 
(~1000 J C) can be controlled. Again, this can only be addressed by high-temperature, 
in-situ, tritium-extraction irradiation experiments. In all of the designs considered, in
cluding the selected reference nested-shell design, Be neutron-multiplication mate'ial will 
be needed in order to obtain a high blanket-energy multiplication r nd adequate tritium 
breeding (it may be possible to achieve adequate tritium breeding ratio with L i 2 0 breeder 
and SiC structure without any Be multiplier). 

Considering only the thermal-hydraulic aspects, the nested-shell configuration is an 
excellent design and no critical issue has been identified. However, in ordeT to provide fur
ther confidence in the design, the effective thermal conductivity of the solid-breeder/Be-
multiplier sphere-pac materials will need to be measured. Experimental study of the 
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change in properties of the sphere-pac materials packed in slab geometry after operation 
to high neutron fluence is also needed. 

The critical issues in the ARIES-I nested-shell blanket design that will need to be 
addressed are: 

• Developing the SiC-composite material, including vacuum leak-tight SiC-composite 
components, and a technique of brazing nested shells onto the back coolant plenum; 

• Developing the techniques necessary for joining SiC composite to metal for the 
transition from (ceramic) blanket pipes to the (metallic) heat exchanger pipes; 

• Isotopic tailoring of Zr in LijZrOa, with acceptable tailoring cost; 

• Studying the irradiation properties of SiC composite, breeder, and Be neutron-
multiplier materials, and the sphere-pac fuel form; 

• Studying tritium generation and migration under high burnup for SiC composite, 
breeder, and Be neutron-multiplier materials. 

There are critical issues for other design options that, once addressed, could poten
tially improve the ARIES-I blanket performance. These issues are: 

• Improving the tritium inventory and breeder behavior of Li,SiOj under high burnup 
could affect the selection of the solid breeder for the reference design. Using Li.iSiO.j 
instead of I j 2 Zr03 would reduce afterheat and the radioactive inventory, and would 
improva the waste disposal rating. 

• Mitigating the Li^SiO ( and SiC particulate erosion on SiC composites would lead to 
a re-evaluation of using a gas and solid-particulate mixture as the blanket coolant, 
possibly yielding a viable low-pressure gas-cooled design. 

• Controlling the corrosive behavior of FLiBe on vanadium alloy would lead to the 
re-evaluation of FLiBe as the blanket coolant and breeder and thereby avoid the 
uncertainties associated with solid-breeder materials. 
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9. POWER CONVERSION 

9.1. INTRODUCTION 

For a commercial reactor design, the objective of power conversion is to convert 
the thermal power into electricity at the highest possible conversion efficiency. Higher 
efficiency leads to less thermal pollution and, in general, lower cost of electricity. The 
conversion efficiency of a thermal cycle is directly related to the temperature potential 
at which the thermal power is recovered from the reactor core. Therefore, the selection 
of a thermal cycle and the obtainable conversion efficiency are intimately related to the 
thermal-hydraulic design of the first wall, blanket, and divertor. 

In the thermal-hydraulic design of the ARIES-I fusion power core, helium at 10-MPa 
pressure is used as the primary coolant. The total useful thermal power recovered by the 
primary coolant is 2544 MW, of which about 88% is recovered by the first-wall/blanket 
coolant circuit and the rest by the divertor coolant circuit. The inlet and outlet temper
atures of the primary coolant are, respectively, 350 and 650 °C. The inlet temperature is 
chosen so as to optimize the power conversion efficiency and, at the same time, meet the 
thermal-hydraulic design constraints. 

The particular combination of the primary coolant and its operating pressure, struc
tural material, and coolant channel configuration has made the gas cooled design of the 
reactor core of ARIES-I with a coolant exit temperature of 650 °C possible. The struc
tural material for the first wall and blanket and for the divertor plate is silicone-carbide 
composite. The divertor plate is coated with 2 mm of tungsten as the armor. Section 5 
discusses the detailed design of the divertor plate and Sec. 8 with that of the first wall 
and blanket. Table 9.1-1 shows the major parameters of ARIES-I that are relevant to 
the power conversion system. 

The primary-coolant exit temperature of 650 °C is not high enough to necessitate 
consideration of such an advanced concept as plasma magnetohydrodynamic power con
version. However, this temperature is significantly higher than the maximum steam 
temperatures in the Rankine steam cycles presently used in the fossil-fuel power plants. 
Therefore, advanced conventional and nonconventional thermal power cycles have been 
considered for ARIES-I. This section presents the various thermal cycles that have been 
investigated, the selection of the reference cycle, and the results of the analysis of the 
reference cycle. 
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Table 9.1-1. 
ARIES-I P a r a m e t e r s Re levan t to t h e Power Convers ion Sys tem 

Fusion power (MW) 1,925 

Blanket energy multiplication 1.3 

Current-drive power (MW) 94 

First-wall-/blanket-coolant pumping power (MW) 15 

Divertor-coolant pumping power (MW) 35 

Total useful thermal power (MW) 2,544 

Primary coolant Helium 

Helium pressure (MPa) 10 

Helium inlet temperature (°C) 350 

Helium exit temperature (°C) 650 

9.2. CANDIDATE P O W E R CYCLES 

In order to select a suitable power-conversion system, the following three categories 
of thermal power cycles have been considered: dissociating-gas, inert-gas Brayton, and 
Rankine steam. The dissociating-j;3S cycles are nonconventional cycles; the inert-gas 
Brayton and Rankine steam cycles are conventional cycles that are presently in use for 
commercial power conversion. 

9 .2 .1 . Dissoc ia t ing-Gas Cycles 

Dissociating-gas cycles are under theoretical and experimental investigations. The 
working fluids in these cycles are chemically reacting gases that undergo endothermic dis
sociation reaction when heated (in the heat exchanger, regenerator, etc.) and exothermic 
recombination reaction when cooled (while expanding through the turbine). These gases 
have higher effective heat capacity and thermal conductivity, and smaller specific volume 
at low temperature compared to the commonly used inert gases. The dissociating gases 
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also perform better than inert gases as coolants. Hasan and Martin [l] have addressed 
the issue of using dissociating gases as the primary coolant and working fluids in power 
cycles for fusion applications. 

A partial list of the prospective dissociating gases is given in Table 9.2-1. Table 9.2-11 
provides the main physical properties of the two most widel;.' studied prospective disso
ciating gases, nitrogen tetroxide ^N20.)) and nitrosyl chloride (NOC£), for use both as 
heat transfer media and as working fluids for power cycles. These gases are, however, 
toxic and corrosive. 

The gases in Table 9.2-1 have large temperature ranges over which dissociation and 
recombination reactions take place. For example, for the N^Oi system, the dissociation 
and recombination reactions take place at up to -~850°C at 1 atm pressure and 1200°C 
at 100 atm pressure. Therefore, over a wide range, the favorable thermodynamic effects 
of the chemical reactions on the cycle efficiency can be realized. There are several such 
effects. Because of the decrease in the number of motes in the compressor (caused by 
recombination at low temperature), the compressor work is much less with a dissociating 
gas than with an inett gas. Regeneration is also more efficient because of the heat of 

Table 9.2-1. 
A Partial List of Dissocia t ing Gases 

Dissociating Gas 

Gas-Constant 

Multiplication 

AH/, 

(kcal/kg) 

Temperature 

Range (°C) 

N 2 0„ ^ 2 N 0 2 

2 N 0 2 ^ 2NO + 0 2 

2 N O « ^ 2NO + Ct2 

A^Big ^ 2A£Br 3 

MiCle *± 2AtCi3 

A 4 B r 6 + 4A^( l iq) - 6A^Br 

AliC£6 + 4A£(\\q)^ 6 A ^ « 

2 13.7 25 - 170 
1.5 27.0 140 - 850 
1.5 9.21 25 - 900 
2 30.0 300 - 1,400 
2 29.8 200 - 1,100 
6 282.4 670 - 1,400 
6 263.8 670 - 1,200 
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Table 9.2-II. 
Properties of NaO., and NOC£ 

Property N 2 0 , NOC£ 

Molecular weight (g/mole) 92.02 65.46 

Boiling point (°Cj 21.3 -5.8 

Melting point (°C) -11.0 -61.5 

Critical temperature (°C) 158.3 167.5 

Critical pressure (atm) 103.3 90.0 

Heat of reaction (kcal/kg) 149/293 141.7 

Reaction process N 2 0 , ^ 2 N 0 2 ^ 2 N O H - 0 2 2 N O C ^ 2 N O + C ^ 

Temperature range (°C) 

1 atm 25 - 850 25 - 900 

100 atm 25 - 1,200 — 

reaction and better heat transfer capability of the dissociating gases. Because of higher 
heat capacity and smaller specific volume of the dissociating gases at low temperature, 
the low pressure turbine is smaller and has fewer stages than turbines that use steam or 
inert gas as the working fluid. 

Of the two most-analyzed dissociating gases, NOCt is used in the Brayton cycle and 
N-̂ O.i can be used in both Brayton and Rankine cycles. Typical predicted efficiencies for 
given maximum-cycle temperatures are shown in Table 9.2-III, In this table, NOC^-N^O i 
stands for a compound cycle with a topping Brayton cycle using NOC^ and a bottoming 
Rankine cycle using NjO.|. A comparison of an N 2 Oi turbine and a steam turbine is 
shown in Table 9.2-IV. 

The principal advantages of a dissociating-gas cycle are: (1) higher possible maximum 
cycle temperature and higher efficiency than the Rankine steam cycle, and (2) smaller 
turbine, regenerator, etc., thus leading to a more compact, design than either the inert-
gas Brayton or the Rankine steam cycles. The main disadvantages are: (1) safety hazard 
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Table 9.2-III. 
Typical Cycle Efficiency 

MaxiTium Cycle 

Cycle Type Temperature (K) Efficiency [Ref.] 

N O « - N 2 0 , 1,000 55% [3] 

N J C - N I O J 1,000 51% [3) 

A£Br 3-N 30., 1,000 48% [3] 

A^Bie-NjO., 1,000 56% [2] 

NOW 900 40% [4] 

Table 9.2-IV. 
Turbine P a r a m e t e r s wi th N 2 0 . | and H2O as Working Fluids 

NgOj S team 

Output (MW) 500 500 

Throttle pressure (atm) 240 240 

Throttle temperature (°C) 565 580 

Exit pressure (atm) 1.4 0.035 

Number of stages 10 42 

Length (m) 16.8 29.1 

Weight (tons) 180 964 

Cost (1,000 rubles) 619 1,600 
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from the toxicity of N 2 0. | and NOC£, and (2) materials need to be developed, especially 
for high temperature applications. 

9.2.2. Inert-Gas B r a y t o n Cycle 

A power plant based on the inert-gas Brayton cycle is more compact and can have a 
much higher maximum-cycle temperature than a Rankine steam plant. Open-cycle gas 
turbines, which are used in aircraft engines, have a maximum cycle temperature of about 
1200°C. Closed-cycle gas turbines (CCGT) are, however, limited to lower maximum 
temperatures. Existing fossil-fuel CCGT plants have a maximum temperature of about 
750 °C. The maximum temperature for advanced coal-fired CCGT plants is expected 
to be about 850 °C. Even at this high temperature, the efficiency of CCGT is about 
40% [6]. This is much lower than the efficiency of an advanced Rankine steam cycle with 
a maximum temperature of about 600 °C. 

9.2.3. Rankine Steam Cycle 

The Rankine steam cycle is used predominantly for power conversion in present-day 
fossil-fuel and nuclear power plants. For the same maximum cycle temperature, the 
Rankine steam cycle offers the highest efficiency of all of the thermal cycles. For the 
ARIES-I reactor, the dissociating-gas cycle was not selected primarily for safety reasons 
and because materials development is needed. In addition, the maximum cycle tempera
ture that is possible for ARIES-I (~600 °C) can be utilized by an advanced Rankine steam 
cycle. The inert-gas Brayton cycle, although more compact, would provide much lower 
conversion efficiency than the Rankine steam cycle. Therefore, an advanced Rankine 
steam cycle is selected as the reference cycle for ARIES-I. The remainder of this section 
deals with the selection of an advanced steam cycle and an analysis of its performance. 

9,3. STATUS OF ADVANCED RANKINE STEAM CYCLE 

Both subcritical and supercritical steam plants are operational at present. In the 
U.S., 159 supercritical units are operational in 89 plants representing 15% of the total 
U.S. plants. The present-day standard supercritical Rankine cycle has steam conditions 
of 24.1 MPa/565.6/565.6/565.6°C which means that the maximum throttle steam pres
sure is 24.1 MPa, there are two reheats, and the steam temperatures after superheat 
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(TSH) and each reheat (Tm and 2^2) are equal to 565.6°C. The goal for the 1990s is 
to obtain the steam conditions of 27.6 to 34.5 MPa/593.3/593.3/593.3°C. The Elec
tric Power Development Co. of Japan is studying cycles with the steam conditions of 
34.5 MPa/648.9/593.3/593.3°C [9]. 

Currently, advanced supercritical steam cycles are operational primarily to test, gather 
data, and study technical issues and economic competitiveness. The Eddystone Station 
(unit-1) supercritical steam plant of the Philadelphia Electric Co. has the steam condi
tions of 34.5 MPa/648.9/565.6/565.6°C [9j. It has been operating for over 20 years. Its 
capacity is 325 MWe and it has achieved an availability of 76%. 

9.3.1. Findings of Studies Sponsored by EPRI 

Electric Power Research Institute (EPRI) has sponsored a number of studies to as
sess the performance of fossil-fuel power plants and to develop advanced supercritical 
plants [7-10]. In one of these studies, Westinghouse Electric Co. performed an engi
neering assessment of pulverized-coal power plants [7] and found a reduction in levelized 
busbar cost of electricity (LB-COE) of 2.3 mills/kWh. It also found an 865-Btu/kWh 
improvement in heat rate as a result of switching from an existing base design with 
the steam conditions of 24.1 MPa/537.8/551.7/565.6°C to an advanced design with the 
steam conditions of 31 MPa/593.3/565.6/565.6 ° C For advanced designs, the ratio of the 
decrease in fuel cost to the increase in capital cost varies from 2.74 to 6.69. The projected 
R&D cost is $14 M over a 5-to-6-year period. 

The EPRI study also found that increases in temperature represent more of a technical 
challenge than do increases in throttle pressure. In the study, the maximum pressure is 
varied from 24 to 69 MPa and the maximum temperature from 538 to 760 °C. The limit 
on the maximum temperature (760°C) is based on projections for the development of 
materials and manufacturing processes for the production of a high-temperature turbine 
rotor. 

In a similar EPRI-sponsored study conducted by General Electric, Stone & Webster 
Engineering Corp., and Babcock & Wilcox Co. [8], the supercritical plants were catego
rized as three groups—current, advanced, and futuristic. Table 9.3-1 shows some of the 
results of this study. 
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Table 9.3-1. 
Results from an EPRI Study 

Steam Conditions Net Station Output Total LB-COE 

Category ( M P a / T s w / T f t l / T R 2 °C) (MWe) (mills/kWh) 

Current 24.1/537.8/551.6/565.6 

31.0/537.8/551.6/565.6 

Advanced 24.1/593.3/607.2/621.1 

31.0/593.3/621.1/648.9 

Futuristic 44.8/648.9/690.6/732.2 

Conclusions drawn from another study, performed by Gilbert Associates [9], for the 
development of advanced fossil-fuel power plants are: 

1. Under the present/near-future conditions, the economically optimum cycle has the 
steam conditions of 31 MPa/593.3/593.3/593.3 °C. 

2. The availability can be increased from the present 82.2% to 87.2%-88.2%. 

3. A unit with a capacity of more than 800 MWe would require the expensive cross-
compound arrangement of the turbines. 

4. The 593.3 °C (1,100°F) temperature limit is because the coal-ash corrosion on the 
gas side would cause serious problems for reheaters beyond this temperature. 

5. 12% Cr steel should be used to handle the ash corrosion of the superheater tubes. 

6. For an 800-MWe plant, the direct cost of producing electricity is about $1.066/kWh. 

7. Over the plant lifetime, it is estimated that switching to the opthiium advanced 
steam plant will save between $59 and 97 M in fuel costs. 
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9.3.2. Advanced S t eam-Cyc le R & D Needs 

The R&D efforts that ate necessary for commercial application of the advanced, su
percritical Rankine steam cycles are being made by the fossil-fuel power-conversion com
munity. These efforts [7-10] include: 

1. Better start-up control, 

2. Improvement of wearability of the start-up system valves, 

3. Improvement of cyclic-duty capability, 

4. Control of stress-corrosion cracking of water-wall tubing in the steam generator, 

5. Control of coal-ash corrosion of the tubes in the reheaters, 

6. Better control of water quality, 

7. Design of high-pressure/high-temperatur.e feedwater heater and pump, 

8. Reduction of solid particle erosion of the high-pressure turbine blades, 

9. Reduction of stress corrosion of the turbine blades, and 

10. Development of forging techniques for the rotor in tandem turbine arrangement. 

9.3.3. Advanced Steam Cycle for ARIES-I 

Results from the studies discussed in the previous section show that the selection of an 
advanced, supercritical Rankine steam cycle with parameters close to those recommended 
by the EPRI studies would be a conservative choice for ARIES-I. It is conservative 
because the EPRI recommendations are for meeting the requirements of the fossil-fuel 
power plants in the next 20 to 30 years, and the time scale for the introduction of the 
first commercial fusion-rtactox power plant is probably longer than 30 years from now. 
The final selection of the power cycle for ARIES-I has been made after some parametric 
studies and after considering the recommendations of the EPRI-sponsored studies. 

Variations of gross cycle efficiency with maximum-throttle steam temperature and 
pressure are shown in Fig. 9.3-1. These results were obtained by using the computer 
code PRESTO [l l j . The gross efficiency increases with both maximum cycle pressure 
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Figure 9.3-1. Gross obermal efficiency of cycles with nine feedwater heaters and two 
reheaters {Tsu = TRHI = TRHI) as functions of (A) maximum-throttle temperature and 
(B) maximum-throttle pressure. 
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and temperature, A gross efficiency oJ about 49% can be obtained with an advanced 
steam cycle that has parameters close to those recommended by the EPRI study. 

The main parameters of the selected steam cycle foi ARIES-I are: 

1. Steam conditions: 31 MPa/600/600/600°C (4500 psia/1112/1112/1112°F), 

2. Two reheats, 

3. Nine regenerative feedwater heaters, and 

4. Conc'enser back pressure of 678 Pa (2 inches of mercury). 

The objective has been to stay close to the recommended cycle in the T R i study. It can 
be expected that the necessary R&D efforts for commercialization of the selected power 
cycle will be done by ths fossil-fuel power community well before fusion pover becomes 
commeicially available. 

9.4. ANALYSIS OF THE REFERENCE P O W E R CYCLE 

The thermodynamic analysis of the thermal power cycle was performed using the code 
PRESTO [11]. The minimum temperature difference between th« primary coolant and 
steam is kept at ~b0 °C. Figure !\4-l(A) is a schematic diagram of the power cycle with 
the superheater and the re.heateis in conventional series arrangement. Figure 9.4-1(B) 
is the corresponding temperature-energy diagram. In order to realize the maximum 
steam temperature of 600 °C after superheat and after each of the two reheat?, the max
imum helium temperature must be 7b>0°C. Figure 9.4-2 shows the corresponding dia
gram for parallel arrangement of the superheater and reheaters. With this arrangement, 
steam tempera'ure of 600°C can be obtained from helium at a maximum temperature 
of 650 °C. Lowering the maximum helium temperature from 750 to 650 °C improves the 
thermostructural design of the blanket by increasing the safety factor. Therefore, the non-
conventional parallel arrangement of the superheater and reheaters has been selected for 
the reference power cycle for ARIES-I. 

The frictions of parallel mass-flow ratej of helium through the superheater and re
heaters jire, respectively, rn.su = 64%, m^m = 22%, and miuii = 14%. In order to stay 
within the 800-MWe limit for a single unit, two turbine-generator units, each using one-
half of the reactor thermal power, are utilized. The turbines are arranged in tandem in 
each unit. The gross ihci'mal efficiency is 0.49. These major parameters of tlu ARIES-I 
power conversion system are summarized in Table 9.4-1. 

http://rn.su
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F igure 9 .4 -1 . (A) Schematic flow diagram of the power cycle with the reheaters and the 
superheater in series (R=reactor core, SG=steam generator, SH=superheater, RHl=flrst 
reheater, RH2=second reheater, HP=high-pressuxe turbine, IP=intermediate-pressure 
turbine, LP =low-pressure turbine, G=electric generator, C=condenser, and P=feedwater 
pump). (B) Temperature-energy diagram for the cycle with the superheater and re
heaters in series (TSI1 = TRHI = Tmn = 600 J C , 9 feedwater heaters, and 31 MPa steam 
pressure). Tbe maximum helium temperature required is 750 °C. 
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Figure 9.4-2. (A) Schematic flow diagram of the power cycle with the reheaters and su
perheater in parallel (R=reactor core, SG=steam generator, SH=superheater, RHl=first 
reheater, RH2=second reheater, HP=high-pressure turbine, IP=intermediate-pressure 
turbine, LP=low-pressure turbine, G=electric generator, C=condenser, P=feedwater 
pump). (B) Tempar&ture-energy diagram for the power cycle with the reheaters and 
superheater in parallel (mSH = 64%, mfu,, = 22%, mjuii = 14%), 9 feedwater heaters, 
and 31 MPa steam pressure. Maximum helium temperature of 650 °C can be allowed. 
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Table 9.4-1. 
Ma jo r P a r a m e t e r s of t h e ARIES-I Power Convers ion Sys tem 

Total helium flow rate (kg/s) 1,631 
Total steam flow rate (kg/s) 892 
Number of turbine-generator sets 2 
Arrangement of the turbines Tandem 
Number of reheats 2 
Number of regenerative feedwater heaters 9 
Steam conditions 

Maximum throttle pressure (MPa) 31 
Temperature after superheat (°C) 600 
Temperature after 1st reheat (°C) 600 
Temperature after 2nd reheat (°0) 600 

Extraction pressures (MPa) 
Heater 1 9.0 
Heater 2 3.8 
Heater 3 2.4 
Heater 4 1.7 
Heater 5 i.14 
Heater 6 0.47 
Heater 7 0.26 
Heater 8 0.14 
Heater 9 0.048 

Condenser back pressure (MPa) 0.0067 
Feedwater inlet temperature (°C) 301 
Gross thermal efficiency 0.49 
Recirculating power fraction 0.2 
Net plant efficiency 0.39 
Net electric power (MW) 1,000 
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9 .5 . C O N C L U S I O N S 

An advanced, double reheat, supercritical Rankine steam cycle is selected for convert
ing the thermal power of ARIES-I. There are nine regenerative feedwater heaters and 
the condenser back pressure is 678 Pa (2 inches of mercury). The steam conditions are 
31 MPa/600/600/600 °C, similar to those of the advanced cycle recommended by several 
EPRI studies. The power cycle analysis was performed by using the PRESTO code. 
The minimum temperature difference between helium and steam is kept at ~ 50°C. The 
maximum steam temperature is obtained from the primary-coolant exit temperature of 
650 °C through the use of nonconventional, parallel arrangement of the superheater and 
reheaters. The gross efficiency of this advanced cycle is 0.49. The recirculating power 
fraction of the ARIES-I reactor is 0.2, and is primarily used for the current-drive system. 
The result net plant efficiency is 0.39 and the net electric power produced is 1000 MWe. 

The research and development efforts necessary to commercialize the advanced steam 
cycle are being made by the fcssil-fuel power-plant community. Because of the clean 
source of heat (He gas) for the power conversion system of ARIES-1, coal-ash corro
sion of the superheater or reheater tubes is not a problem. Therefore, the possibility 
of attaining maximum steam temperatures higher than 600 °C, which would raise the 
conversion efficiency close to 50%, with the same technology and materials as for the 
EPRI-recommended advanced steam cycle should be investigated. The feasibility and 
economics of using high-temperature ceramic heat exchangers and turbines, whkh could 
raise power conversion efficiency above 50%, should also be explored for fusion applica
tion. Adequate lead time for such R&D can be assumed in view of the timetable for the 
expected appearance of commercial fusion-reactor power plants. 
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10. ARIES-I SAFETY DESIGN AND ANALYSIS 

10.1. INTRODUCTION 

Safety—of the general public, of the operators, and of the investors in a fusion power 
plant—has been of paramount importance in the ARIES-I design effort. The ARIES-I 
design team has made low radioactive inventories and the avoidance of toxic materials 
central to the reactor design. For this reason, silicon-carbide composite is used as the 
structural material for the blanket and divertor as well as for the shield. Helium, which is 
chemically inert and is not neut --lically activated, is used as the coolant. The zirconium 
in the lithium-zhconate breeder and the tungsten coating on the divertor have been iso-
topically tailored to reduce, though certainly not eliminate, the production of radioactive 
materials. This section will first review the safety goals for the ARIES-I reactor design 
(Sec. 10.2), and then identify the energy sources that could contribute to an accidental 
release of hazardous materials (Sec. 10.3). The off-site doses resulting from releases of 
activation products and of tritium are presented in Sec. 10.4. The waste disposal ratings 
of the reactor materials are calculated in Sec. 10.5. Section 10.6 discusses the economic 
benefits of using low- activation materials and the avoidance of nuclear-grade equipment. 
Summary and conclusions are given in Sec. 10.7. 

10.2. SAFETY GOALS IN THE ARIES-I DESIGN 

In order to protect the public from accidents at the reactor, the goal in. the design has 
been to achieve Level 1 or 2 of safety assurance, as adopted by Piet [1] and the ESEGOM 
study [2]. A reactor that has Level 1 safety is "inherently safe,1' that is, the inventories of 
radioactive materials and stored energy are insufficie:••, to cause prompt fatalities among 
the general public at the site boundary. Other authors have defined inherent safety 
solely in terms of the inventories of radioactive materials, without considering whether 
energy sources are available to release those inventories. This section will consider both 
radioactive inventories and energy sources in defining inherent safety. A reactor that has 
Level 2 safety is "passively safe," that is, it requires no active safety systems to protect 
the general public as long as the large-scale passive features of the plant are maintained. 

A second safety goal is to maintain inventories of radioactive and toxic materials in 
the plant low enough so that an off-site evacuation plan is unnecessary. A third goat 
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for protecting the public in the long term is that all wastes produced by the plant be 
disposahle as Class C waste in shallow land burial as regulated by 10CFR.61 [3]. 

Investor safety is enhanced by using factory fabrication of large components and 
extensive testing whenever possible, by keeping the construction time short, and by 
achieving a level of public safety such that the viability of the utility would not be 
threatened by any event within the plant. 

10.3. ACCIDENT ANALYSES 

Two ingredients are necessary for an accident involving radioactive or toxic materials 
to endanger the public: (1) an inventory of a hazardous substance and (2) an energy 
source sufficient to release that substance. The amount of energy available in the accident 
determines the maximum temperature reached by the radioactive material and, thus, the 
release fraction. The product of release fraction and the radioactive inventory determine 
the dose to the general public. 

In the ARIES-I design, radioactive inventories have been reduced by choosing low-
activation materials such as silicon carbide and beryllium, and by isotopically tailoring 
zirconium and tungsten to reduce easily activated isotopes. Energy sources have been 
reduced by using a chemically inert coolant, by using low-afterheat material (SiC), by 
isotopically tailoring materials to reduce afterheat, and by arranging the magnets to 
prevent a transfer of energy to more radioactive components. 

The two principal energy sources that could cause the accidental release of hazardous 
inventories are the afterheat in the breeder and structural materials (which could cause 
overheating in case of a loss-of-coolant accident), and the energy stored in the toroidal-
field (TF) magnets. 

10 .3 .1 . Af te rhea t 

The induced radioactivities in the structural silicon-carbide (SiC) composite and 
breeder materials (although relatively small compared to metals) are the main sources of 
afterheat for the blanket component. Most of the afterheat in the SiC composite is due 
to Si. The major induced radioisotopee from Si that are contributing to the afterheat are 
™Ae (half-life 2.24 min), 29M (6.56 min), z 7 Mg (9.46 min), "'Na (15 h), 2 S Mg (20.9 h), 
and 3 : Si (2.62 h). These radioisotopes are significant for both beta and gamma-ray en
ergies. The major induced radioisotopes from carbon, however, are 1 3 B (17.4 ms), 6 He 
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{807 ms), and , 2 B (20.2 msj, indicating the insignificant contribution made by thsse very 
short half-life radioisotopes to the afterheat. 

Induced afterheat in the breeder, L i 2 Zr0 3 , is primarily due to the element Zr. Lithium 
and oxygen produce little afterheat because of the very short half-life of induced radioiso
topes. Isotopically-tailored zirconium is used for the Li2ZrO;i breeder in order to retain 
the tow-activation characteristics of the ARIES-I blanket. The zirconium is tailored to 
contain 99.9% 9 2 Zr and, thus, only 0.1% (compared to their 72% natural abundance) of 
the high afterheat isotopes 9 U Zr, 9 _ , Zr, and 9 6 Zr. Such tailored-Zr element will produce 
induced afterheat levels a factor of 6.7 lower than the natural Zr. The major induced 
radioisotopes from the tailored L i 2 Z r 0 3 breeder that are contributing to the afterheat 
are 9 u Y (64.1 h), 9 I Y (58.5 d), 9 2 Y (3.54 h), 8 9 Zr (78.4 h), R 9 Sr (50.6 d), and 9 5 Z r (64.0 d) 
for beta decay energy, and a 9 Zr , 9 5 Zr, 8 9 "Zr (4.18 min), S 1 - Y (49.7 min), ! m "Y (3.19 b), 
and 9 5 N b (35.0 d) for gamma-ray energy. 

The beta decay energies are considered to be deposited at the site of the decay. 
However, the gamma-ray energies will be transported and deposited throughout the 
materials in the reactor components. The combined beta and gamma-ray energies de
posited in the ARIES-I reactor were estimated after four full power years (FPY) of op
eration at 5 M W / m ! neutron wall loading. The afterheat and neutron activation in the 
ARIES-I reactor components was estimated using the ANISN neutron-transport code [4] 
and the REAC*2 activation-analysis code [5]. The results are given in Figs. 10.3-1 for 
the ARIES-1 first wall and blanket. 

Figure 10.3-1(A) shows the afterheat level at the ARIES-I first wall as a iunction 
of time after shutdown. Beta decay energies constitute the primary afterheat source 
for the first wall from shutdown to about one hou.r after shutdown. Thereafter, until 
about two days after shutdown, beta and gamma-ray energies contribute equally to the 
afterheat. After two days, the first-wall afterheat is principally due to gamma-rays from 
the Li 2ZrO : ) breeder in the breeding zone. At shutdown, the afterheat level is about 
0.4 MW/m' 1 . At one hour after shutdown, the afterheat level at the first wall drops to 
about 0004 MW/m 3 , a factor of 100 reduction compared to that at shutdown. After 
two days the level of heating drops to three orders of magnitude, less than at shutdown. 
Figure 10.3-1(B) shows the afterheat level at the ARIES-I blanket breedi r.g zone. 

Figure 10.3-2 gives the afterheat in the ARIES-I blanket and shield. The maximum 
heating rate is shown to be immediately behind the first wall. The heating rate is 
dominated by the decay energies resulting from SiC for only the first 10 minutes after 
shutdown. At one hour after shutdown and thereafter, the her ting rate will be primarily 
the result of decay energies from the Li^rC^ breeder. At shutdown the heating rate is 
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Figure 10.3-1 . Afterheat in the ARIES-1 (A) first wall and (B) blanket breeding zone 
as functions of time after shutdown (after 4 FPY at 5-MW/m 2 wall loading). 



10.3. ACCIDENT ANALYSES 10-5 

Figure 10.3-2. Afterheat in the ARIES-I blanket and shield as a function of distance 
from first wall (after 4 FPY at 5-MW/m 2 wall loading). 

about 0.25 M W / m 3 , and drops to abov* 0.03 M W / m 3 after 10 minutes. At one hour 
after shutdown and thereafter, the heating level is maintaining at about 0.005 MW/m 3 . 

10.3.2. Loss-of-Coolant Analysis 

Selecting materials that generate low levels of afterheat is expected to result in a 
blanket design that should suffer few adverse consequences from a loss-of-coolant accident 
(LOCA). To verify this assumption, a two-dimensional (2-D) finite-element model of the 
ARIES-I first wall, blanket, and shield was prepared and analyzed using the computer 
code, TOPAZ [6]. The level of afterheat in the first wall is quite low, initially 0.4 M W / m 3 , 
at the onset of the LOCA. The afterheat levels throughout the blanket drop by about an 
order of magnitude after five minutes. The following assumptions are made: 

1. At the onset of the LOCA, the plasma is quenched instantly. 

2. The heat removal capacity of the coolant is neglected as the gas pressure drops. 

3. All of the structure is initially at a uniform temperature of 700 q C-

4. The vacuum boundary remains intact and no conduction through it is provided. 
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The results of this analysis show that the peak temperature during the LOCA occurs 
in the first wall at about 280 seconds into the ei'ent. The peak temperature is 780°C. 
The temperature rise of ~S0°C is quite low and is primarily due to the large volume and 
heat capacity of the beryllium in the blanket. Of particular interest is the determination 
of the maximum plasma quench time as determined by temperature excursions in the 
ARIES-I first wall. 

The divertor is the one component of the fusion power core (FPC) that does not have 
low levels of afterheat and has also been treated to the LOCA analysis. The divertor 
consists of a 2-mm-thick coating of tungsten on a helium-cooled substrate of SiC com
posite tubes. At shutdown, the level of afterheat in the tungsten is ~ 5 M W / m 3 and is 
approximately constant for periods in excess of one hour. The divertor target faceB into 
the plasma chamber and radiates the power to the first wall. Assuming the first wall 
reaches the calculated LOCA temperature of 780 °C and remains constant, then the peak 
temperature reached by the divertor target is conservatively estimated to be 1020°C. 

10.3.3. S u p e r c o n d u c t i n g M a g n e t Trans ien ts 

In ganeral, a large amount of energy is stored in the TF magnets, Release of this 
energy may potentially cause damage to the FPC and result in accidental release of haz
ardous inventories. The ARIES-I reactor utilizes high-field TF coils with a peak field of 
21 T. Several transient scenarios were studied to determine their safety implications. The 
characteristics of the TF coils as used in the transient analysis are shown in Table 10.3-1. 
Each of the coils has been divided into two windings of 87 turns each. The TF-coil set 
is powered by two power supplies so that the windings in each coil are powered by two 
independent supplies. Dump resistors and circuit breakers are located between each of 
the windings. 

The safety analysis, using MSCAP [7|, considered a variety of faults, as shown in 
Table 10.3-11. In the analysis, the coils containing the fault and its immediately adjacent 
coils (and their associated resistors and circuit breakers) were individually modeled, while 
the remaining 13 coils were combined into two sets of components. The worst case for 
arcing, shorts, and winding-to-winding voltages occurs when those faults are adjacent to 
the power supplies. 
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Table 10.3-1. 
ARIES-I Toroidal-Field Coilsf> 

Number of coils 16 
Turns per coil 174 
Conductor current (kA) 126 
Maximum field at the conductor (T) 21 
Stored energy (GJ) 130 
Dump resistors (mfl/windingl 5 
Coupling coefficient between adjacent coils 0.90 

' n*With internally cooled, conduit conductors. 

Table 10.3-II. 
Toroidal-Field-Magnet Transients Considered 

1. Routine discharge to establish baseline; 

2. Turn-to-turn voltages in adjacent windings due to 10-s delay in opening by one 
circuit breaker; 

3. Turn-to-turn voltages due to complete failure of single circuit breaker; 

4. A 10-//O short between adjacent windings, with lU-s delay in opening by one 
breaker; 

5. Arcs of 20 V and 35 V between adjacent windings with 10-s delay in breaker open
ing; 

6. Arcs of 20 V and 35 V between adjacent windings with complete failure of one 
breaker; 

7. Arcs of 20 V and 35 V within one winding, normal breaker operation. 
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The most severe of the transients, in terms of energy deposited, are the arcs within 
one winding. A model of the quench propagation was developed and used to account 
for the partitioning of energy between the arc and the resistive heating of the copper 
stabilizer. This model assumes ihat a quench is initiated by overcurrent in the winding 
in which the arc is occurring. The rest of the coil set continues to discharge routinely 
through the dump resistors. Quench fronts begin to propagate in both directions along 
each turn of the conductor, beginning from the location of maximum field. The heat 
deposition in the copper stabilizer was modeled, thus partitioning the energy between 
the arc and the stabilizer. The temperature-dependence of copper resistivity and specific 
heat were included. The results of this transient showed that the maximum arc power 
was 1.2 MW, the total deposited sic energy was 17 MJ, the maximum quench power 
(i.e., resistive heating of tho? stabilizer) was 90 MW, and the total deposited quench 
energy was 2 GJ which is not sufficient to raise the temperature of a TF magnet to room 
temperature. 

These analyses have shown that a severe magnet transient would not lead to a re
lease of radioactive material and the afterheat is the dominant energy source in terms of 
radioactive releases. Severe magnet transients, however, have potential economic conse
quences because of the plant downtime for repair. 

10.4. RELEASABLE INVENTORIES AND PUBLIC DOSE 

In determining the dose to the general public, the analysis must first establish the ra
dioactive inventories and then estimate release fractions based on the postulated accident 
and the energy available to promote that release. Finally, the transport and deposition 
of the various radionuclides from the release point to the person at the site boundary 
have to be calculated. The hazard inventories were calculated using the ANISN neutron-
transport code [4] coupled to the REAC*2 activation-analysis code [5]. Estimates were 
made of the maximum-possible release fractions, and the public dose was calculated us
ing the FUSECRAC code [8]. The worst case weather conditions used in calculating 
off-site doses [9] following accidental release of tritium, zirconium, or tungsten are shown 
in Table 10.4-1. Radioactive inventories, release factions, and the resulting public doses 
are described in this section for the various radioactive reactor components. 
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Table 10.4-1. 
Worst-Case Weather Conditions 

Used in the F U S E C R A C Code<*> 

Stability 

Windspeed (m/s) 

Inversion layer height (m) 

Population density (km*) 

Plume dimensions (m) 

Puff release duration (min) 

Deposition velocity (m/s) 

'"•Ground level release. 

10.4.1. Lithium-Zirconate Breeding Material 

During the scoping phase of the ARIES-I study, three tritium breeders were considered 
for use in the ARIES-I design: Li4SiO.|, LijZrOa, and Li^O. Initial f a ly ses focused on the 
LijSiOj because of its low activation and low afterheat. Lithium-zirconate, however, was 
selected as the reference solid breeder because the data base demonstrates long-term and 
high-temperature stability. Unfortunately, the use of zirconium poses much more severe 
activation concerns because of the production of 8 9 Z r (half-life 78.4 h), resulting in high 
doses due to accidental releases and because of the production of 9 3 Z r (1,5 My), a concern 
in radioactive waste management. Extensive tsotopic tailoring of zirconium would be 
necessary to reduce the level of decay heat and improve the waste disposal rating of the 
blanket. Laser isotope separation [10] is the only feasible technique for this tailoring since 
both light and heavy isotopes are to be removed. Table 10.4-11 summarizes the reduction 
in the off-site dose for several level of enrichment (tailoring) and the associated costs. 

The off-site doses resulting from accidental releases of 0.1% of the Li2ZrO:j using nat
ural zirconium are shown in Table 10.4-IH. For a comparison, Table 10.4 IV summarizes 

Class F 

1 

250 

50 

100 

50 

3 

0.01 
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Table 10.4-II. 
Off-Site Dose, '* ' W a s t e Disposal Rating, and Cost of 

Isotopically Tailored Zirconium in ARIES-I 

Natural'*' 

1 

Isotopically Tailored 

Case 

Natural'*' 

1 2 3 4 5 6 7 

Isotopic Composition (%) 
9 u Z r 51.45 25.73 10.29 5.15 2.57 1.03 0.057 
9 1 Zr 11.27 25.45 33.96 36.79 38.21 39.06 0.013 
9 2 Zr 17.17 38.77 51.73 56.05 58.21 59.51 99.908 
9 i Z r 17.33 8.67 3.47 1.73 0.87 0.35 0.019 
9 G Zr 2.78 1.39 0.56 0.28 0.14 0.06 0.003 

l-km dose (rem) 694.1 356.6 155.9 89.03 55.47 35.52 4.55 

Waste disposal rating 7.27 3.64 1.47 0.74 0.38 0.17 0.05 
Tailoring costal ($/kg Zr) 0 66 198 296 391 511 2C97 

'"'Off-site dose calculated based on releasing 0.1% of Zr Inventory. 

( 6 'The dominant isotopes contributing to the dose for natural Zr are: 
8 9 Z r (72%) and 8 8 Y (15%), both of which arc produced by 9 u Zr . 

('''Cost based on S50/swu (separative work unit). 

the off-site doses using the tailored zirconium shown as Case 6. In this tailoring, the con
centrations of 9 u Zr , 9 4 Zr , and 9 6 Zr have been reduced by a factor of 50 from their natural 
concentrations. Note that the l-km early dose has been reduced by about a factor of 20 
from the natural zirconium case. 

The reference ARIES-I breeder is enriched to 99.9% in 9 2 Zr at the considerable cost of 
~S2100/kg (Case 7 of Table 10.4-11). Even at this level of enrichment, the total off-site 
dose of the ARIES-I reactor is still dominated by the Zr. Other solid breeders such as 
L12O and Li|SiO| can be used as alternative solid breeders. These are low-activation 
breeders that do not require isotopic tailoring, and their use would drastically reduce the 
off-site dose of the ARIES-I reactor. 
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Table 10,4-111. 
Off-Site Doses 

After Release of 0.1% of the L i 2 Z r 0 3 Inventory 
Using Natural Zirconium'"' 

Dose (rem) Dominant Isotope (% dose) 

Prompt dose at 1 km 
Whole body (WB) 669.42 8 ! >Zr (72.5) 
Bone marrow (BM) 766.48 8 9 Zr (73.4) 
Lung 1065.96 8 9 Zr (52.9) 
Large lower intestine (LLI) 662.20 8 9 Zr (63.9) 

WB early dose 
1 km 691.25 8 9 Z r (70.8) 

10 km 47 29 8 9 Zr (70.4) 
WB chronic dose at 1 km (chronic plus early) 

Inhalation + groundshine 2162.58 8 8 Y (43.9) 
Ingestion 1187.44 9 u Sr (33.6) 
Total 3349.48 B 8 Y (32.4) 

WB chioni .• dose at 10 km (chronic plus early) 
Inhalation + groundshine 148.99 8 8 Y (44.3) 
Ingestion 82.01 9 0 Sr (33.8) 
Total 230.98 8 8 Y (32.6) 

Cancers 
All organs 398.29 9 5 N b (31.0) 
WB 133.22 9 5 N b (26.4) 

Population dose 
WB ( x l O 3 man-rem) 843.98 9 5 N b (26.4) 

Waste disposal rating 0.13 9 3 Z r (66.6) 

(°>For 35,420 kg of inventory and irradiated for 4 FPY at 5 M W / m 2 . 
The initial isotopic composition is: 
9 0 Z r (51.45%), 9 1 Zr (11.27%), 9 2 Zr (17.17%), w Z r (17.33%), 9 6 Zr (2.78%). 
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Table 10.4-IV. 
Off-Site Doses 

After Release of 0.1% of the L i 2 Z r 0 3 Inventory 
Using Moderately Tailored Zirconium1*1' 

Dose (rem.) Dominant Isotope (% dose) 

Prompt dose at 1 km 
Whole body (WB) 34.41 8 9 Zr (80.3) 
Bone marrow (BM) 39.17 8 n Zr (81.8) 
Lung 236.30 ! "Y (75.4) 
Large lower intestine (LLI) 63.50 8 9 Z r (37.9) 

WB early dose 
1 km 38.35 8 9 Z r (72.7) 

10 km 2.61 8 9 Z r (72.6) 
WB chronic dose at 1 km (chronic plus early) 

Inhalation 4- groundshine 99.71 8 9 Y (44.4) 
Ingestion 308.73 ^Sr (49.6) 
Total 408.38 9 u Sr (37.6) 

WB chronic dose at 10 km (chronic plus early) 
Inhalation + groundshine 6.85 8 9 Z r (44.0) 
Ingestion 21.43 9 u Sr (49.7) 
Total 28.27 ^ S r (41.3) 

Cancers 
All organs 97.26 9 1 Y (47.6) 
WB 21.07 9 u Sr (41.3) 

Population dose 
WB ( k l O 3 man-rem) 133.41 9 u Sr (41.3) 

Waste disposal rating 0.03 9 3 Zr (96.4) 

("'For 35,420 kg of inventory and irradiated for 4 FPY at 5 MW/m 2 . 
The initial isotopic composition is: 
9 0 Zr (1.03%), 9 1 Z r (39.06%), 9 2 Zr (59.51%), 9^Zr (0.35%), 9 6 Zr (0.06%). 
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The cases shown in Tables 10,4-111 and 10.4-IV assume a release of 0.1% of the total 
zirconium inventory. We have assumed that one of the 64 blanket modules fails due 
to overpressure and that two adjacent modules are damaged by the failure. For solid 
breeders, which may contain small particulates due to radiation damage, one can gen
erally assume a release fraction of l%-3% [11], Thus, the release fraction assumed is 
(3/64) x 2% or approximately 0.1% of the total zirconium inventory. Furthermore, 0.1% 
is consistent with a dust release, since the afterheat is not sufficient to volatilize the 
ceramic breeder. 

If dust generation is determined to be a severe problem because of radiation damage, a 
greater enrichment would be required. As the ARIES-I reference case, we have considered 
a 2% release of the entire Zr inventory. This case, as summarized in Table 10.4-V, 
represents an accident in which all of the 64 blanket modules fail simultaneously, as they 
might because of helium-coolant overpressure. The zirconium has been very strongly 
tailored, such that the concentration of 9 2 Zr is 99.91%. The cost of tailoring is estimated 
at $2,097/kg of Zr using ALV1S [10] at S50/swu. 

Although this is fairly extensive isotopic tailoring, the total cost, $72 M for the 
complete reactor, is a small fraction of the total reactor cost. Note that the release 
fraction can be limited to 2% of the total zirconium inventory because the energy sources 
available to cause the release (i.e., the decay heat and the compressed helium), are 
insufficient to drive the inventory out of the containment. Neither SiC nor the breeder 
react with the coolant or air at the temperatures that can be attained in a LOCA. A 
determining factor in the transport of the Zr inventory is the size distribution of the 
lithium-zirconate particles after the rupture of the blanket modules. If further data 
show that the breeder ceramic maintains its geometric integrity at high fluences (e.g. 
ceramic does not disintegrate into a fine powder), the release fraction from the reactor 
building could decrease below the assumed 2% level, especially since the distance to the 
site boundary is 1 km and particles greater than 10 mir.rons would not remain airbume. 

10.4.2. Tungsten Coating on the Divertor 

The ARIES-I divertor plates are coated with a 2-mm-thick layer of tungsten. The 
area of the tungsten coating is 150 m 2 . That tungsten, and the rhenium resulting from 
neutron activation, will be released if the hot surfaces of the divertor a^e exposed to air 
during an accident. In recent experiments at INEL [12], an inductively heated sample 
of a tungsten alloy was exposed to upward flowing air in a vertical tube. Tne sample, 
10.4 mm in diameter by 4.7 mm thick, contained the following elements (concentrations 
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Table 10,4-V. 
Off-Site Doses 

After Release of 2% of the L i 2 Z r 0 3 Inventory-
Using Strongly Tailored Zirconium'*' 

(ARIES-I reference case) 

Dose (rem) Dominant Isotope (% dose) 

Prompt dose at 1 km 
Whole body (WB) 63.68 8 9 Z r (57.6) 
Bone marrow (BM) 71.05 8 9 Z r (59.9) 
Lung 1,056.97 9 1 Y (71.3) 
Large lower intestine (LLI) 319.74 90Y (37.9) 

WB early dose 
1 km 91.04 8 9 Z r (40.6) 

10 km 6.12 8 9 Z r (41.2) 
WB chronic dose at 1 km (chronic plus early) 

Inhalation + groundshine 261.63 8 8 Y (53.2) 
Ingestion 2,918.39 3 9 Sr (63.8) 
ToUl 3,179.96 8 9 Sr (59.3) 

WB chronic dose at 10 km (chronic plus early) 
Inhalation + groundshine 17.88 8 8 Y (54.1) 
Ingestion 202.74 8 9 Sr (63.7) 
Total 220.61 8 9 Sr (59.3) 

Cancers 
All organs 783.60 8 9 Sr (52.9) 
WB 199.54 8 9 Sr (66.3) 

Population dose 
WB ( x l O 3 man-rem) 1,262.21 8 9 Sr (66.3) 

Waste disposal rating 0.05 9 3 Zr (99.8) 

("'For 35,420 kg of inventory and irradiated for 4 FPY at 5 MW/m 2 . 
The initial isotopic composition is: 
9 u Zr (0.06%), Q ' 7 r (0.01%), 9 2 Z r (99.91%), 9 , Z r (0.02%), S 8 Zr (0.%). 
Note that the off-site dose is still dominated by 8 9 Zr. 
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given in wt %): W (95%), Ni (2.3%), Re (1.1%), Fe (1.0%), Co (0.55%), Ta (0.15%), Os 
(0.06%), Cu (0.05%), and Mn (0.05%). The measured volatilization rates are givea in 
Table 10.4-VI. 

In assessing the off-site doses from an air ingress accident on the ARIES-I reactor, we 
have assumed the worst-case tungsten release to be a 1273-K, 10-h LOCA in which the 1-h 
release rates are used for the full 10 hours io account for the flaking off of any protective 
oxide resulting from vibration during the accident. The divertor temperature during the 
LOCA is based on an analysis in which the plasma is shut off within 15 seconds of the 
loss of coolant. The off-site doses are shown in Table 10.4-VII for the case of tungsten 
enriched to 90% 1 S 3 W and irradiated for two full power years (FPY) at 1 MW/m 2 . The 
release fractions of 0.03% for the tungsten and 29.2% for the rhenium are based on 
the volatilization rates shown in Table 10.4-VI. All other elements are assumed to be 
volatized at the detection limit in the experiment. The off-site doses for other isotopic 
compositions and other irradiation times are shown in Table 10.4-VIII. 

Table 10.4-VI. 
Experimental Tungsten-Alloy Volatilization Rates 

Volatilization Rates (g/h-m' J) 
Temperature (°C) Duration 00 W Re 

600 20 1.4 x Id'2 1.9 x W2 

800 1 0.12 5.2 

5 6.8 x lO" 4 2.4 

20 0.14 1.3 

1000 1 1.2 12.4 

5 5.4 x 10" 2 4.4 
20 0.51 2.6 

1200 1 36.4 11.2 

Maximum release 0.2% 14% 
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Table 10.4-VII. 
Off-Site Doses 

After Accidental Release of T u n g s t e n - R h e n i u m w 

(ARIES-I reference case) 

Dose (rem) Dominant isotope (% dose) 

Prompt dose at 1 km 
Whole body (WB) 
Bone marrow (BM) 
Lung 
Large lower intestine (LLI) 

WB early dose 
1 km 

10 km 
WB chronic dose at 1 km (chronic plus early) 

Inhalation 4 groundshine 
Ingestion 
Total 

WB chronic dose at 10 km (chronic plus early) 
Inhalation + groundshine 
Ingestion 
Total 

Cancers 
AH organs 
WB 

Population dose 
WB (x lO 3 man-rem) 356.28 1 8 6 R e (93.6) 

Waste disposal rating 0.10 l 7 8 ' H f (65.0) 

9.34 1 8 6 Re (90.2) 
13.96 l 8 8 Re (91.9) 

140.71 1 8 6 Re (98.2) 
26.48 1 8 6 Re (95.4) 

11.20 1 8 6Re (91.2) 
0.76 l 8 6 Re (91.4) 

18.98 l , 6 Re (77.1) 
294.07 l 8 6 Re (95.1) 
312.99 1 8 6 Re (94.0) 

) 
1.30 

l 8 6 Re (77.01 
20.07 1 B 6Re (95.1) 
21.36 1 8 6 Re (94.0) 

128.23 l 8 0 Re (82.8) 
56.22 , S 6 Re (93.6) 

( a ) For 5,790 kg of inventory and irradiated for 2 FPY at 1 MW/m 2 . 
Accident duration: 10 h at 1000°C. 
Release fractions: 0.0327% of W and 29.2% of Re. 
The initial isotopic composition is: 
1 8 U W (0.02%), 1 8 2 W (3.23%), 1 8 : , W (90.00%), 1 8 , W (3.76%), 1 8 5 W (3.51%). 
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Table 10.4-VIII. 
Off-Site Doses (rem) 

Aftei Accidental Release of Tungsten-Rhenium'*' 
(including ARIES-I tungsten-air reaction) 

Natural W<fc> 2.86% , 8 6 W< C > 90% l 8 3 W< d > 

After 0.5 FPY at 1 M W / m 2 

Early 1 km (rem) 
Population dose (X10 3 man-rem) 
Waste disposal rating 

After 1.0 F P Y at 1 M W / m 2 

Early 1 km (rem) 
Population dose (X10 3 man-rem) 
Waste disposal rating 

After 2.0 F P Y at 1 M W / m -
Early 1 km (rem) 
Population dose (x 10 3 man-rem) 
Waste disposal rating 

After 3.0 F P Y at 1 M W / m 2 

Early 1 km (rem) 
Population dose ( x l O 3 man-rem) 
Waste disposal rating 

After 4.0 F P Y at 1 M W / m 2 

Early 1 km (rem) 
Population dose ( x l O 3 man-rem) 
Waste disposal rating 

After 5.0 F P Y at 1 M W / m 2 

Early 1 km (rem) 
Population dose ( x l O 3 man-rem) 
Waste disposal rating 

8.71 3.62 1.14 
119.230 101,696 17.496 
0.11 0.14 0.01 

24.06 16.88 3.45 
638.121 550.529 95.376 

0.24 0.29 0.03 

57.63 46.81 11.2 
1,789.443 1,587.206 356.280 

0.57 0.65 0.10 

85.57 73.15 21.61 
2,754.533 2,510.282 704.716 

0.99 1.08 0.20 

108.53 95,59 33.79 
3,558.365 3,296.640 1,110.428 

1.50 1.58 0.35 

126.86 114.72 47.1 
4,198,197 3,965,330 1,552.344 

2.05 2.13 0.54 

(°^For divertor area of 15 m 2 , tungsten coating thickness of 2 mm. 
Accident duration: 10 h at 1000 °C. 
Release fractions: 0.0327% of W (1.2 g /h -m 2 ) and 29.2% of Re (12.4 g / h - m 2 ) , and 
0.20% of others (0.0114 g /h -m 2 ) using Ta data . 

' f c 'The initial isotopic composition is: 
1 S U W (0.13%), 1 8 2 W (26.30%), 1 8 3 W (14.30%), 1 8 4 W (30.67%), l 8 e W (28,60%). 

' c 'T 'he initial isotopic composition is: 
, 8 U W (0.18%), 1 8 2 W (35.78%), 1 8 3 W (19.46%), l f H W (41.73%), l 8 6 W (2.86%). 

^ ' T h e initial isotopic composition is: 
1 8 U W (0.02%), 1 8 2 W (3.23%), , 8 3 W (90.00%), 1 8 4 W (3.76%), 1 8 6 W (3.51%). 
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10.4.3. Tritium Inventories 

The tritium inventories in the plasma-facing components are calculated by using the 
DIFFUSE code [13), developed by Sandia National Laboratories. The DIFFUSE code 
uses diffusion as the only mechanism for the tritium mass transfer inside the solid. In 
the ARIES-I design, we investigated the effects of sputtering on the tritium diffusion 
mechanism. The sputtering process changes the mass transfer problem at the first wall 
into a problem with a moving boundary. If the sputtering removal rate is much faster 
than the mass diffusion rate, the tritium within the deposition layer will be removed by 
the sputtering process, together with the structural material, before it has enough time 
to diffuse forward. 

For the ARIES-I first-wall design, the tritium penetration depth is about 2 nm, and 
diffusion in the SiC is extremely slow, while the sputtering rate of the first wall is esti
mated to be 0.2 mm/y. Therefore, the life of the deposition depth (2 nm) is only about 
100 seconds and the maximum tritium inventory within the first wall cannot exceed 
the tritium incident on the first wall during 100 seconds. Therefore, the total tritium 
inventory is only 6 g, compared to a few kg predicted without considering sputtering. 

The tritium production within the Be is estimated to be 1.15 kg/FPY and the recoil 
deposition (implantation of energetic tritons recoiling out of the adjacent Li 2ZrOa parti
cles into the Be) is 1.4 kg/FPY, Therefore, the total tritium production and deposition 
rates in the Be axe estimated to be 2.5 kg/FPY. Recent datfu (Billone [14] and recent 
tests of the ATR reflector Be [15]) indicate that the tritium is released from the beryllium 
at temperatures above 883 K. Less than one quarter of the beryllium in the blanket will 
have a normal operating temperature below 880 K. Thus, the tritium inventory in Be 
after 1 FPY is ~~0.64 kg. For ARIES-I, it is proposed that the entire blanket temperature 
be raised to above 883 K at least once per year, thereby driving out the entire tritium 
inventory. Therefore, the maximum tritium inventory in Be would be 0.64 kg. 

The ARIES-I tritium inventories are summarized in Table 10.4-IX. The total tritium 
inventory is about 700 g. Releasing the entire tritium inventory, using Porter's FUSE-
CRAC calculations for approximately the same conditions, results in an off-site dose of 
about 7.1 rem. It should be noted, however, that the tritium inventory in Be is highly 
uncertain and can be higher (or lower) by a factor of 3 to 5. 
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Table 10.4-IX. 
Tritium Inventories in the ARIES-I Design 

Max. Tritium 

Components Inventory (g) Comments 

Fuel cycle 

Vacuum pumping Small Using ceramic turbomolecular pump 

Helium separation Small Using Pd diffuser 

Cryogenic distillation 50 Only removing H 

First wall 6 Sputtering removes implanted T 

Divertor plates 10 Using W on SiC 

Blanket 

Breeding material 1 Selection of breeding material and temperature 

Be 640 1. Complete tritium release at > 883 K 

2. Blanket is heatsd to > 883 K once a year 

Total 707 

10.4.4. Silicon-Carbide Structure 

The first wall of the ARIES-I blanket is made of SiC-composite structural material. 
Table 10.4-X gives the induced radioactivities and associated latent dose ratings resulting 
from exposure of the SiC composite in the fusion neutron environment after 4 FPY of 
operation at 5 M W / m 2 wall loading. The principal contributors to the shutdown activity 
are 2 8 A£ (half-life 2.24 min), 3 l N a (15 h), 3 l Si (2.6 h), 2 8 Mg (20.9 h), and ^ N a (2,2 y), 
whose decay rates primarily produce the shutdown radioactivities shown in Table 10.4-X. 
The major contributors to the potential accident dose from the SiC-composite first wall 
are ^ N a and 2 2 Na. 
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Table 10.4-X. 
I n d u c e d Radioac t iv i t i es in S iC-Compos i t e First-Wall'"' 

Time After Shutdown Activity (Ci/cm ! ) 

1 min 1.26 x 102 

10 min 1.31 x 10' 

l h 1.20 

10 h 6.47 x 10"' 

1 d 3.36 x 10~ l 

10 d 2.31 x 10"' 

l y 3.60 x 10" 5 

<a)After 4 FPY of operation at S MW/m 2 . 

10.4.5. Role of Impurities in Materials 

The impact of impurities in the first wall and shield has been included in the af-
terheat analysis in Sec. Z0.3-, the dose calculations in Sec. 10.4, and the waste disposal 
evaluation in Sec, 10.5. The shield consists of SiC and B.iC, while the first wall is an SiC 
composite. The impurities in the SiC composite structure and shield are those assumed 
in the ESECOM study [2j. The impurities in the lithium zircona* were assumed to be 
the same as those present in lithium oxide. The impurity concentrations are given in 
Table 10.4-XI. 

The effect of impurities on afterheat is negligible. Impurities will have impact on the 
prompt dose that could be received by the public under worst-case accident conditions. 
The dose was estimated by S. K. Ho at the University of California at Berkeley using the 
release fractions suggested by ESECOM [2] and the FUSEDOSE code [16]. The total 
prompt dose due only to impurities could be as high as 21 rem. 
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Table 10.4-XL 
Impurity Concentration in SiC and Li2ZrO:i 

Impurity ppm 

SiC<a> 

Fe 11 

Co 3 

K 370 
Ca 210 
CI 100 
Fe 100 
Pb 80 
Na 50 
A£ 20 
Mn 20 

Ni 20 
Si 10 
Cu 5 

<a>From ESECOM study [2]. 

* 'Assumed to be the same as those in LijO. 
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10.5. WASTE DISPOSAL RATINGS 

The waste disposal rating (WDR) is the ratio of the total weighted concentration of 
radionuclides in a material to that allowable for Class C waste under federal radioactive 
waste-disposal regulation 10CFR61 (low-level waste disposed of by near-surface, shallow-
land burial) [3J. Since 10CFR61 was developed for fission reactors, most of the fusion-
specific isotopes are not explicitly listed. The WDRs for each of the materials used in 
*RIES-I are based on an extension of the methodology of 10CFR61 to all radionuclides 
with Z < 88 by Fetter, Cheng, and Mann [17]. The specific activity limits developed 
in that extension are shown in Table 10.5-1. The WDR is defined as the sum over all 
nuclides of the ratio of the actual activity for each nuclide, a,-, to the specific activity for 
that nuclide for 10CFR61, Class-C low-level waste disposal, a ,^ , 

WDR = E ( ^ ) • (10.5-D 

The WDRs of the various components for the reference ARIES-I design are shown in 
Table 10.5-K. The WDR of the SiC-composite first wall is 0.12 after 4 full power years 
of operation at 5 MW/m 2 -neutron wall loading. As can be seen from Table 10.5-II, all 
components of ARIES-I can be disposed of as low-level waste under 10CFR61 regulations 
at the end of their full design life. Impurities could also affect the WDR, However, it 
is not expected that any of the materials that have very low waste-disposal limits [e.g., 
Nb, Ag, Tb) will be found in the ARIES-1 materials. 

10.6. ECONOMIC IMPACT OF SAFETY ISSUES 

Nuclear-grade materials are used in certain parts of fission power plants. Because of 
the excellent safety features of the ARIES-I reactor, we considered which components 
in ARIES-I should be designated as nuclear grade. A preliminary analysis of the appli
cability of the American Society of Mechanical Engineers (ASME) Boiler and Pressure 
Vessel Code, Section III, Nuclear Plant Components (hereafter referred to as the Code), 
has been completed. The Code provides requirements for the design of pressure-retaining 
components used in nuclear power plants. 

Topics covered by the Code include items such as material traceability and testing; 
minimum strength requirements and allowable stresses; component fabrication, installa
tion, examination, and testing; overpressure protection; and documentation and quality 
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Table 10.5-1. 
Specific Activity Limits for Class-C Disposal 

Using 10CFR61 Methodology [3] 

Radionuclide Half-Life (y) Specific Activity Limit (Ci/m 3) 

3 H 1.23 x 101 TMSA<a> 
l u Be 1.60 x 106 3,000 
! 4 C 5.70 x 103 700-7,000 

2 6 Al 7.20 x 105 0.09 
3 2Si 1.04 x 102 900-4,000 
3 6 C J 3.01 x 105 10-100 
3 9 Ar 2.69 x 102 10,000 

1 2 Ar 3.30 x 101 20,000 
4 0 K 1.30 x 109 1.5 
4 , Ca 1.03 x ltf 8,000-20,000 
4 4 T i 4.70 x 10' 200 
6 3Mn 3.70 x 10e TMSA 
6 0 p e 1.00 x 10s 0.1 
6 0 Co 5.30 x 103 3x 108 

S 9Ni 7.50 x 104 900 
63 N J 1.00 x 102 7 x 10 s-7 x 10B 

r 9 Se 6.50 x 104 100-1,000 
8 1 Kr 2.10 x 105 30 
8 5 Kr 1.07 x 10' TMSA 
8 7 Rb 4.80 x 10"' TMSA 
^Sr 2.85 x 10' 1 x 106-9 x 106 

9 3Zr 1.50 x 106 2,000 
9 l Nb 6.80 x 102 200 
9 2 Nb 3.60 x 10r 0.2 
93m N b 1.36 x 10] TMSA 
9 4 Nb 2.00 x 10' 0.2 
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Table 10.5-1. (cont'd) 

Radionuclide Half-Life (y) Specific Activity Limit (Ci/m : l ) 

1 S 7 T b 1.50 x 102 1,000 
1 5 8 T b 1.50 x 10 a 4 
1 M D y 2.90 x 10 6 TMSA<°> 
1 6 6 m H o 1.20 x 10 3 0.2 
1 7 6 Lu 3.59 x 10 1 U TMSA 
178m2rif 3.10 x 101 9,000 
1 8 2 Hf 9.00 x 10 6 0.2 
l 8 6 - R e 2.00 x 10 5 9 
1 8 7 R e 4.00 x 10 l u TMSA 
w 0 s 6.00 TMSA 
192m2j r 2.41 x 10 5 2 
19Up t 6.00 x 10" TMSA 
I 9 3 P t 5.00 x 10' 9 x 10 6 

1 9 4 Hg 5.20 x 102 0.5 
2 0 2 P b 5.30 x 10"1 0.6 
2 0 5 p b 1.90 x 10 7 TMSA 
2 I U P b 2.23 x 10 l 9 x 10 6-8 x ] 
2or B i 3.22 x 10 1 8,000 
2 u 8 B i 3.68 x 105 0.09 
210m B j 3.00 x 10 6 1 
2 1 u P o 1.02 x 102 3,000 

"'Theoretical maximum specific activity allowed (i.e., no limit). 
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Table 10.5-II. 
Was te Disposal Ra t ings of ARIES-I Material 

Component WDR 

Li2ZrO;i breeder 0.05 

Tungsten divertor target 0.10 

Tritium 0 

SiC first wall 0.12 

SiC/B 4 C shield <0.10 

assurance requirements. Applicable components are designated as Class I, II, or III, 
depending on their function and importance, and experience and regulatory interpreta
tion have provided clear guidance on this classification. Because the Code was written 
specifically for fission reactors, it is not directly applicable to a fusion facility. 

For nonreactor nuclear facilities, including tritium and fusion facilities, U.S. regula
tions contained in Department of Energy (DOE) Order 643C.1A require consideration of 
the .̂  SME Code requirements in the design and fabrication of safety class components. 
Safety class systems are: (1) Those whose failure could produce exposure consequences 
that would exceed the guidelines for limiting exposure to the public, which is defined as 
5 mSv (500 mrem) effective dose equivalent from early exposure; and (2) those required 
to achieve and maintain the facility in a safe shutdown condition. The DOE Order only 
mentions design of safety class components to Class II rules. This indicates that design 
of any components to the more restrictive Class I rules would not be required for a fusion 
facility. Although it is not specifically spelled out in the DOS Order, it is assumed that 
designation of some components to the less restrictive Class III would be acceptable if 
justified based on risk to the public. Based on a comparison with fission-reactor com
ponent functions and classifications, a general classification scheme has been developed 
for ARIES-I. Components will be designed to the Code requirements for Class II (1) if 
they provide a primary confinement function for significant quantities of radioactive in
ventories whose release would produce an individual public dose over 5 mSv (500 mrem), 
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(2) :f failure could result in a loss of confinement function of these primary boundaries, 
or (3) if they are required to achieve and maintain a safe shutdown condition. 

Components providing support that is necessary for ensuring proper functioning of 
Class II components (i.e., secondary cooling systems, and other components providing a 
secondary containment function) could be designated as Class III. Special consideration 
must also be given to other components, such as the magnet sets, that may not fall under 
the strict Code definition of a nuclear-grade component but that may require application 
of Code criteria in order to prevent events that could cause physical damage to Class II 
components. 

Based on application of these criteria., the preliminary assignment of various ARIES-I 
components to nuclear-grade classification is summarized in Table 10.6-1. This prelimi
nary assignment is not intended to be a final or all encompassing effort, but is intended 
primarily to provide preliminary guidance and to initiate a dialog on the subject to obtain 
a consensus among all participants including regulatory agencies. Refinement of these 
categories will continue as fusion designs progress and the safety implications of various 
component failures is better understood-

Department of Energy Order 6430.1A3 requires the use of Section III (Nuclear) of the 
ASME Code in nonreactor nuclear facilities, including fusion and tritium facilities. As the 
Code was written specifically for fission reactors, it is not directly applicable to a fusion 
facility such as ARIES-I and the question has been raised as to the applicability of the 
Code to a fusion facility. One important concern in this questioning relates to the cost of a 
fusion facility. Looking at overall system costs, savings of up to 60% could be realized if N-
stamped components were not required. The Nuclear Regulatory Commission regulations 
for fission reactors (10CFR100 [18]) imply that ASME Section III, Class I requirements 
must be met if a component failure could result in a site boundary dose in excess of 
0.25 Sv (25 rem). This is 50 times less restrictive than the DOE 6430.1A3 limit of 
5 mSv, but requires more restrictive Class I rules. The relationship between these rules 
must be clarified as fusion advances from experiments to power plants. 
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Table 10.8-1. 
S u i r ^ i a r y of Sys tem Classification Based on 

P r e l i m i n a r y I n t e r p r e t a t i o n of U .S . Regu la t ions 

System Cla Comments 

Vacuum vessel system II 

Vacuum pumping system II 

First-wall heat-transfer system II 

Divertor heat-transfer system II 

Breeder heat-transfer system II 

Tritium fueling system II 

Isotope separation system II 

Fuel storage system II 

Plasma diagnostics attachments II 

Tritium cleanup system III 

Secondary cooling systems III 

Magnets 

Portions of the system could be 

downgraded if alternate safety-class 

shutdown-cooling system is provided. 

Portions of the system could be 

downgraded if alternate safety-class 

shutdown-cooling system is provided 

Same as above except that blanket-coolant 

radioactive inventories must be addressed. 

At least one primary or secondary system 

must be Class II. 

At least one primary or secondary system 

must be Class II. 

Classification depends on extent of 

isolation from the torus. 

Magnet systems are not directly covered by 

Code but may require design to Code 

requirements to avoid gross coil movement. 
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10.7. SUMMARY AND CONCLUSIONS 

The ARIES I study had three specific safety goais: 

1. That the design achieve either Level of Safety Assurance 1 or 2. Level of Safety 
Assurance 1 indicates that the reactor is inherently safe, having an insufficient 
radioactive inventory and energy source to release that inventory to cause prompt 
fatalities among the general public. Level of Safety Assurance 2 indicates that the 
reactor is "large-scale passively safe," requiring no active safety systems to protect 
the general public as long as the large features of the plant are maintained. 

2. Maintain low enough inventories of radioactive and toxic materials in the plants so 
that an off-site evacuation plan is unnecessary. 

3. All wastes produced by the plant must be disposable as Class C waste in shallow 
land burial as regulated by 10CFR61 [3]. 

Table 10.7-1. 
Summary of ARIES-I Off-Site Doses 

Source Dose (rem) Comments 

Zr 91. Using 99.91% 9 2 Zr , 2% release 

W 11.2 Using 90% , 8 : , W, 10-h LOCA at 1000 °C 

Tri t ium [ a ) 6.4 FUSECRAC analysis, qf = 1 

Impurities^ 21. In SiC, B 4 C, and L i 2 Z r 0 3 

Total 130. 

'"'Based on a maximum tritium inventory in Be of 640 g (Sec. 10.4). 

' ' 'Using nnpurity concentrations from ESECOM [2]. 



10-30 ARIES-I SAFETY DESIGN AND ANALYSIS 

By using isotopic tailoring of the zirconium and tungsten and by keeping the tritium 
inventory low, the total 1-km early dose is ~130 rem (Table 10.7-1). A dose of 200 rem is 
the minimum required to cause a prompt fatality to the most sensitive individual. Thus 
the design is passively safe because of its use of 99.91% 9 2 Zr in the Li 2Zr03 breeder and 
90% l 8 3 W as the tungsten coating. The doses shown assume that 2% of the entire LijZrOj 
inventory is released from the reactor due to the failure of all 64 modules. No credit is 
assumed for retention of the ceramic breeder material in the reactor building. The off-site 
doses due to an air-ingress accident and tungsten release are based on experimental data 
on the volatilization of tungsten and rhenium at 1000 °C for 10 hours, using the 1-h release 
rates to account for the loss of protective oxides. The loss-of-coolant accident analyses 
of the divertor assume retention of the divertor geometry and passive (i.e., radiative) 
cooling paths, which limited the maximum divertor temperature to 1000°C. Without 
this passive cooling, the divertor coating would have reached much higher temperatures 
and release fractions of tungsten and rhenium would have been substantially higher. 
The doses due to impurities in the first wall, blanket, and shield are based on impurity 
concentrations and release fractions assumed in the ESECOM study. 

An evacuation plan will probably be necessary, since the off-site dose due to any of 
the components in Table 10.7-1 exceeds the 1 to 5 rem typically adopted by state and 
local authorities as a threshold level for evacuation. The off-site doses could be further 
reduced by using another breeder, such as Li^SiO^ or Li^O. 
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11.1. INTRODUCTION 

The complexity of the maintenance operation and the required time for its completion 
are strongly influenced by the machine design and plant layout. The machine should 
be designed to permit rapid replacement of those components that are expected to need 
periodic maintenance and/or replacement. The plant layout must also provide easy access 
to those components. Because of this interconnection, operational and maintenance 
aspects of the ARIES-I reactor have been incorporated into the design process from the 
beginning. The maintenance philosophy of the ARIES-I reactor was developed through 
our examination of the maintenance procedures for commercial fission power plants, other 
conceptual fusion-reactor designs, and existing experimental fusion facilities (Sec. 11.2). 
The ARIES-I fusion power core (FPC) comprises 16 self-contained large-scale modules 
and the maintenance approach is based on replacing a complete large module as a single 
unit. All modules are prete&ted prior to installation in the reactor vault. The layout 
of the the ARIES-I FPC is described in Sec. 11.3 and those features relevant to the 
maintenance operation are emphasized. The procedure for removing the FPC modules is 
presented in Sec. 11.4 and alternative maintenance schedules are discussed. A summary 
and conclusions are given in Sec. 11.5. 

11.2. MAINTENANCE PHILOSOPHY 

The maintenance procedure for commercial fission power plants, other conceptual 
fusion-reactor designs [1-6], and existing experimental fusion facilities were reviewed in 
order to guide the maintenance approach for the ARIES-I design. In particular, the 
proposed plan for replacing one of the JET toroidal-field (TF) coils during the 1989-1990 
shutdown [7], the proposed plan for replacing a superconducting TF coil in Tore Supra [8], 
and the proposed plan for replacing a TF coil of the compact ignition experiment (CIT) [9] 
were studied. This exercise illuminated key areas and issues for the maintenance of 
commercial fusion reactors. 
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11.2 .1 . Mach ine Design 

The complexity of the maintenance operation and the required time for its completion 
are strongly influenced by the machine design and plant layout. For example, experi
mental fusion facilities are designed for research and, therefore, require numerous ports 
and windows to provide access for diagnostics and experiments. Window removal and 
port closure alone are estimated to take more than two weeks for the JET tokamak with 
equal or greater time needed for reinstallation. A commercial reactor does not need such 
windows and ports. Furthermore, experimental facilities are constantly modified for fur
ther research and the new equipment added to a facility, unforeseen in the initial design, 
further complicates the maintenance task. Lastly, changes in the machine design in or
der to facilitate maintenance operations may increase the initial cost of the system. An 
obvious example is that to provide ample work and transport area around the machine 
for maintenance operation, the size and cost of the building should be increased. Un
fortunately, this investment is not usually made and results later in higher maintenance 
costs and/oi lengthy maintenance. 

By reviewing plans for various maintenance operations for existing experimental fa
cilities, the following observations have been made, wh'jh can lead to drastic reduction 
in the maintenance time for a fusion facility. Most of these observations simply allow for 
ready access to components that have to be replaced. 

• Avoid the need to remove other components to access the component that must be 
replaced. 

• Make components structurally independent of any neighboring components that 
may be removed. This will eliminate any need for temporary support for compo
nents that do not have to be replaced. 

• Minimize the number of welds to be cut and re-welded. Eliminate complex welds 
and provide easy access to components to be welded. 

• Minimize the number of coolant supplies that have to be connected and discon
nected; coolant leaks, especially at coolant joints, are major sources of failures. 

• Minimize the number of connects and disconnects for electric power leads. Locate 
all power leads close to each other so that the appropriate jumpers can be removed 
simultaneously. 
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• Provide ample work and transport area for manipulators (or robots) and transport 
equipment. Locate ancillary equipment away from these areas. 

• All components are subject to failure, hence, the procedure and the necessary tools 
for replacing every component should be included in the design. 

• The mr.chine design and maintenance procedures should allow for modifying and 
upgrading components without impacting maintenance time and availability. 

11.2.2. R e m o t e M a i n t e n a n c e a n d Robo t i c s 

Currently, remote maintenance and robotics in some of the existing (and planned) 
fusion facilities and commercial fission reactors is mostly limited to .'remote manipulators 
controlled by a human operator. Experience indicates that the remote manipulator takes 
from 3 to 10 times longer than hands-on operation by humans to perform the same 
task. This difference should be expected since the manipulator performs the maintenance 
operation in series (one at a time) and, at best, can only match the speed of a human 
operator. The limitations in the capability and flexibility of the manipulators reduce the 
speed of maintenance operation, with the fastest speed (threefold increas* over hands on) 
accomplished by modifying the machine design and by extensive mock-up testing before 
the machine is constructed. Because of this increased maintenance time (and cost), the 
remote manipulators are currently used only for operations that are hazardous to human 
workers. 

Contrary to the above experience is the explosion in the use of robots in factories 
during the last decade. For example, assembly lines for automobile manufacturing use 
robots for welding, painting, etc. These robots perform faster, cheaper, and with better 
quality control than human workers because: (1) robots perform repetitive jobs and 
different robots perform different jobs, (2) the work can be performed automatically 
because it is repetitive, (3) many robots can work simultaneously to finish the work 
faster. 

The above observations indicate that, rather than using manipulators with human 
operators, the maintenance operations for a fusion facility should be standardized and 
highly automated so that robots can be utilized. The maintenance approach to unsched
uled events should be similar to that for scheduled events, and work in the reactor vault 
should be limited to replacing components. Repairs to failed components, if desired, 
should be made afterward and outside of the reactor \ault. 

file:///ault
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11.2.3. ARIES-I Maintenance Philosophy 

The observations from the previous two subsections were included in the machine 
design and plant layout. The ARIES-I maintenance philosophy is based on high degrees 
of standardization and automation. Therefore, the ARIES-I FPC is composed of 16 large-
scale modules that are identical. The FPC modules are self-contained and structurally 
independent of any neighboring component. 

The large-scale modularity and standardization allows the maintenance of the FPC 
for both scheduled and unscheduled events to be similar, basically by replacing a complete 
module. The only exception is the divertor system, which is under considerable thermal 
and particle loads and may need frequent replacement. For this case, ports are provided 
to replace the divertor system unit only, instead of replacing the complete FPC module 
containing that specific divertor module. In order to facilitate the maintenance procedure, 
several FFC modules, all pretested to full operational condition, are kept on site for 
immediate installation in the rector vault in case of unscheduled events. Lastly, the large-
scale modularity of the system allows modiiication in the design of each FPC module 
since each is self-contained. 

A detailed description of the ARIES-I design ant layout is given in the next section. 
The maintenance procedure is described in Sec. 11.4. 

11.3. DESIGN DESCRIPTION/ INTEGRATION 

The ARIES-I FPC comprises 16 self-contained modules. Modularity has been used in 
other reactor design studies to obtain high reliability due to extensive module pretesting 
and high availability through reduced downtime for scheduled and unscheduled compo
nent replacement [1-3]. Each of the ARIES-I FPC modules consists of one toroidal-field 
(TF) coil, two inboard and two outboard first-wall, blanket, and shield sub-modules, two 
upper and lower divertor targets with support structure, and a section of the vacuum 
vessel. One of the FPC modules must have a modified outboard first-wall and blanket 
sub-module to accommodate the installation of the folded-waveguide RF launching struc
ture. The bottom of the launching structure sits at the outboard mid-plane of the reactor 
and extends vertically about 1.2 m. An elevation view of the ARIES-I reactor is shown in 
Fig. 11.3-1. The self-contained FPC module is shown in Fig. 11.3-2, A mid-plane radial 
build with reference dimensions is shown in Fig. 11.3-3. 

Each module contains primary coolant, tritium purge, and diagnostic systems in 
order to minimize the number of inter-module connections. The only interfaces between 



j"» 

POLOIDAL FIELD 
COILS 

TOROIDAL FIELD 
COIL 

BLANKET 
AND SHIELD 

BIOLOGICAL 
SHIELD 

VACUUM 
DUCT 

§ 

1 

I 
3 
E 
I 

PRIMARY COOLANT SUPPLY 8 10 12 (METERS) 
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Figure 11.3-3. Mid-plane radial build of the ARIES-I fusion power core. 

modules are the welds in the vacuum vessel located behind the shield, and the alignment 
and support structure for module installation. The vacuum boundary for the cryostat 
of the T F coil mates with the cryostats of the bucking cylinder and the torque shells. 
This configuration reduces size and heat leakage because the magnetic loads are carried 
from the coil to the support structure via cold-to-cold interfaces. Located away from the 
PPC, but still in the reactor building, the primary coolant circuits from each module are 
connected to large ring headers that supply the primary coolant to the remainder of the 
primary loop (e.g., coolant circulators, steam generators, etc.). Similarly, the tritium 
purge streams are grouped together to supply the tritium recovery system. Remotely 
actuated connect/disconnects are provided on each module to facilitate module removal 
without interfering with the neighboring modules. 

The detailed description of the ARIES-I first-wall, blanket, and shield design is given 
in Sec. 8. The ARIES-I FPC design uses silicon-carbide/silicon-carbide (SiC) composite 
as the structural material, 10-MPa helium as the coolant, Li 2 Zr03 as the solid tritium 
breeder, and beryllium metal sphere-pac pellets as the neutron multiplier. The blanket is 
segmented toroidally into 32 inboard and 32 outboard poloidal modules. Each poloidal 
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module comprises 17 nested, U-shaped, SiC-composite shells. The sphere-pac solid-
breeder and Be neutron-multiplier mixture is located between the shells. The cylindrical 
helium-coolant channels are embedded hi each of the 17 SiC-composite shells. The helium 
coolant enters the blanket from the inlet plena which are located in the shield behind 
the blanket and reflector. It then flows radially inward through the shells. It cools the 
shells while flowing in the toroidal direction before it turns and flows radially back into the 
coolant outlet plena. This routing configuration was selected to provide adequate cooling 
of the blanket materials and to minimize the blanket pressure drop. The maximum 
Wank^t pressure drop of 22 kPa is at the first wall. The corresponding total blanket 
internal- and external-loop pumping power is a completely acceptable 19 MW. 

The shield incorporates multiple layers of aluminum sheets sandwiched between He-
cooled, SiC shells to provide passive stabilization against vertical motion of the plasma. 
There are 40 layers of 1-mm-thick aluminum sheets and 40 layers of 19-mm-thick SiC 
shells for an overall shield thickness of 0.8 m. The SiC shells, with internal passages for 
helium flow, are manufactured by using the same method as is used for the blanket shells. 
All of the aluminum sheets within a module are electrically connected together at the 
back of the shield. Neighboring shield modules are also electrically connected together 
with a detachable jumper to provide a complete toroidal circuit. 

An important design criteria for any tokamak reactor is that the FPC should survive 
plasma disruptions. Since the ARIES-I FPC is made of SiC composite, the only electri
cally conducting materials in the FPC are the passive-stabilization aluminum sheets and 
the vacuum vessel. Analysis shows that most of the electromagnetic forces genereted by 
a plasma disruption appear on the aluminum sheets and, in effect, the aluminum sheik 
shield the vacuum vesse] from disruption forces. The disruption-induced electromagnetic 
forces generated in each of the aluminum sheets are restrained by the neighboring SiC 
shells. 

The ARIES-I FPC design provides an ideal solution for supporting disruption forces: 
no forces appear on the delicate first-wall and blanket components, and the forces are 
distributed more or less uniformly in the shield where they are absorbed and reacted 
by a massive structure. Very detailed analyses are needed to confirm this attractive 
feature of the ARIES-I design. The cumulative thickness of the aluminum layers is 
40 mm, albeit the conductor is distributed as 40 layers over the entire 0.8-m-thick shield 
and connected toroidally behind the shield between neighboring modules. Additional 
analysis of this configuration is necessary to verify its exact performance in providing 
passive stabilization. Analysis is also needed to confirm the location and magnitude of 
the disruption-induced forces and to ensure that these forces are not localized. 
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The vacuum vessel is outside of the shield and is made of a low-activation steel. 
When an individual FPC module is to be removed (or installed), welds in the vacuum 
vessel must be either cut (01 re-welded). This procedure must be performed with remote 
maintenance equipment. The top, bottom, and outboard weld seams have relatively good 
access for remote welding tools, cutters, etc. The inboard vertical leg of the vacuum 
vessel, however, lies very near the straight leg of the TF coil and a vertical access tunnel 
must be provided so that tools can be manipulated to seal or cut this weld seam. If 
neutron shielding is unacceptably reduced by this access tunnel, a shield plug must be 
installed after the welding procedure is complete. 

Although no appreciable disruption-induced forces are expected to load the vacuum 
vessel, it must still support and carry the weight of the FPC module components (ex
cept the T F coils) and any electromagnetic forces that are absorbed by the shield and 
transferred to the vacuum vessel. These forces are then carried to support pads in the 
lower torque shell and the total weight of the assembly is subsequently transferred to the 
foundation of the reactor building. 

The large-scale modular maintenance procedure for ARIES-I requires the TF coils 
to be removable. This maintenance constraint is included in the TF-coi] design. Sup
port of the electromagnetic forces acting on the TF coils is provided by three structural 
members: two torque shells and a bucking cylinder (Fig. 11.3-1). The torque shells are 
axisymmetric toroidal caps that counteract the overturning forces in the upper and lower 
hemispheres. The arrangement of loads is such that comparatively small forces have to 
cross the machine mid-plane, most being balanced in their own hemisphere. The small 
overturning forces at the outboard mid-plane are constrained by stiffness of the leg of 
the T F coil. The bucking cylinder restrains the inward radial forces of the T F coil, as 
well as a small overturning force on the inner leg of the coil. There is zero torque on the 
components where the top and bottom of the bucking cylinder meet the torque shells. 
There is little or no force transmitted between the cylinder and the shells and, therefore, 
very little interconnecting structure is required. Because of this structural arrangement, 
only removal of the upper torque shell is needed in order to access and replace each FPC 
module. The detailed structural analysis for this design is given in Sec. 7. 

Another important component from the maintenance point of view is the cryostat 
for the TF coils. Instead of a large cryostat for the entire device, each coil has its own 
cryostat with two kinds of exterior surfaces. The first, occurring over the entire bore 
surface and some of the sides and outer surface, is the conventional type and the vacuum 
vessel is the visible component. The inward progression is the super-insulation and heat-
shield layers within the vacuum, followed by a structural helium vessel and conductor 
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matrix (or a matrix containing small-scale helium confinements such as tubes with the 
case being only structural). 

The second type of exterior surface is visible and exposes the face, completely unin
sulated, of the helium vessel or other major structural case. At the periphery of this 
face, a G10 plate connects the edges of the conventional exterior surface and the visi
ble cryogenic components, forming a continuous flat face. Although this face is vacuum 
sealed, the magnet is not operable in this face-exposed condition because the matrix is 
not coolab'-- with one face of its casing exposed to air. For magnet operation, each of 
these exposed faces must butt against an identical face in an adjacent PPC module, the 
bucking cylinder, or the torque shells. After the faces are aligned, the cryostat is evacu
ated and cool-down can begin. A typical TF coil with the interface surface is shown in 
Fig- U.3-4. 

Application of this new, cold-face concept eliminates the need to carry very large 
loads from cold to warm structural elements. When the heat leakage resulting from 
out-of-plane forces is calculated on a basis of cold-to-warm structure requirements, it 
is 10 times higher for a conventional design than for the proposed ARIES-I cold-face 
cryostat system. Moreover, because the cryostat system also deals with the center-post 
butting forces, the total benefit would be several times larger (i.e., a factor of SO over 
conventional design}. Additionally, at least 0.15m of space on each of the coil cross-
section dimensions is saved. The use of the cold-face cryostat gives a new capability to 
avoid heat leak and allow for TF-coil removal. This cold-face interface concept, however, 
requires the machining of large components with more precision than is necessary for a 
conventional design. 

The poloidal-field (PF) coil set forms an annulus (with inner and outer solenoids of, 
respectively, six and four coils) surrounding the FPC. Two additional shaping coils are 
required near the x-point of the divertor. The upper torque shell and the upper shaping 
coil must be removed to access the FPC modules. The lower shaping coil is "trapped" 
beneath the FPC assembly and the lower torque shell. Direct access to the lower coil can 
be provided with a below-grade vault in the basement of the reactor building. However, 
if the combination of dead weight and operating forces of the FPC preclude the use of 
cavities in the basement of the reactor vault, then access to the lower shaping coil will 
require removal of the FPC assembly and both torque shells. Fortunately, all of the PF 
coils are designed to perform for the lifetime of the plant and access is not expected to 
be necessary. 
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Figure 11.3-4. Cold-face cryostat showing cold-to-cold surface interface. 

11.4. ARIES-I MAINTENANCE P R O C E D U R E 

The ARIES-I maintenance procedure for both scheduled and unscheduled events cen
ters around FPC module replacement. Although the list of ti6k6 to be performed during 
the maintenance of the FPC is extensive, the major tasks for ARIES-I FPC module 
removal and replacement are: 

1. Shut down the plasma in an orderly fashion by slowly reducing the plasma fueling 
rate. 

2. Prepare the FPC components for maintenance operation (the following activities 
are done in parallel): 

A. Continue primary coolant flow at reduced rate, as required, to remove decay 
afterheat; 

B. Continue tritium purge flow. Control the primary-coolant flow rate and inlet 
and outlet temperatures and tailor the temperature distribution in the breeder 
to hasten the removal of tritium; 
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C. Continue vacuum pumping, as necessary, to remove tritium from the plasma 
chamber; 

D. Discharge the magnets and begin to warm up the cryogenic systems associated 
with the necessary maintenance (the external PF coils can remain cold during 
maintenance of the FPC modules). 

3. Valve-off and disconnect supply lines for cryo-fluids, primary coolant, and electri
cal power. Only service to affected modules and components should be removed. 
Because rapid removal of the FPC modules relies on "grouping," as many supply 
lines as possible will be grouped together into a single remote connect/disconnect. 
Similarly, when a single supply splits into several sub-feeds on one module, the 
remote connect/disconnect will be located on the single main supply. 

4. Break the vacuum in the plasma chamber and cut the welds of the module(s) to be 
removed. 

5. Lift the upper superstructure [Fig. 11.4-1(A)] and transport it to a temporary stor
age area. 

6. Lift the modules that are to be replaced and transport them to a hot cell where 
they can be serviced after the reactor is back on line [Fig. 11.4-1(B)]. 

7. Install new, pretested modules and re-weld the plasma chamber vacuum vessel. 

8. Reinstall the TF-coil superstructure. 

9. Connect the vacuum systems to the plasma chamber and cryostat and begin pump-
down. Concurrently, the coolant, electric power, and cryo-fluids supplies are recon
nected. 

10. Test reactor systems and begin start-up activities. 

This procedure is used for both scheduled and unscheduled events. The FPC modules 
are tested to full operational capability so that undetected defects may become evident. 
A few pretested modules are kept on site at all times for immediate installation in the 
reactor vault. Minimum repair is performed in the reactor vault. Instead, the module 
containing the failed component is removed and replaced with a new module. After the 
reactor is back on line, the modules that have been removed can be serviced for later use 
and/or prepared for recycling and waste disposal. 
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Figure 11.4-1. Schematic of the movement of components during removal and re
placement of an ARIES-I FPC module: (A) Removal of the upper superstructure anr1 

(B) Removal of a complete FPC module. 
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The scheduled maintenance of the ARIES-I reactor consists of yearly maintenance of 
the balance of plant {IBOP = 28 d) and replacement of the first-wall and blanket moduies. 
The lifetime of the first wall and blanket is estimated to be 20 MWy/m 1 , based on 
radiation damage to the SiC-composite structure. Therefore, with a peak neutron wall 
load of 3,7 M W / m 2 and a plant availability of 76%, the first-wall and blanket lifetime is 
about 7 years. S-everal scenarios were devised for the module replacement program, all 
of which result in complete replacement of all modules over a 7-year period: 

1. Replace 2 modules every year for 5 years and replace 3 modules during each of the 
next 2 years, for a total replacement of all 16 modules in 7 years. 

2. Replace 4 modules (one-quarter of the FPC) every other year. 

3. Replace 8 modules (one-half of the PPC) every 4 years. 

4. Replace all 16 of the modules at the end of life (every 7 years). 

Of the four above options, the one that yields the highest availability is preferable. A 
simple model was constructed to analyze these options. The availability of the reactor, 
pF can be written as 

vF - i - ^ , (n-4-1) 

where t. and („ are, respectively, the yearly scheduled and unscheduled maintenance 
times. During the yearly scheduled period, maintenance of both the balance of plant 
(BOP) and the FPC is performed. Therefore, t, is the maximum time for BOP mainte
nance (tg0p) and for PPC maintenance (tppc): 

I t-BOP IBOP > t-FPC 

(11.4-2) 
tFPC tBOP < tFPC 

The replacement procedure for the ARIES-I FPC modules contains certain tasks that 
are common and independent of the number of modules that have to be replaced (items 
1, 2, 5, 8, and 10 of the ARIES-I module replacement list, p . 11-11). Denoting tcom as 
the duration of these common tasks, tm0& as the time to replace the first module, atmod 
as the time to replace subsequent modules, the time to replace nm,^ modules is 

tppc = team + tmod [l + Cx{nmod - l )] . (11.4-3) 



11.4. ARIES-I MAINTENANCE PROCEDURE 11-15 

If a = 1, the maintenance of modules is performed in series [i.e., maintenance operation 
on a subsequent module starts after the previous module is completely removed). How
ever, most of module-removal tasks can be performed concurrently (i.e., the coolant and 
electrical supplies to the next module can be disconnected while the first module is being 
removed). For these cases, a < 1. Even a value of a — 0 can be achieved if each module 
has its own dedicated set of equipment. 

In order to simplify the analysis, it is assumed that the lifetime of the FPC modules is 
8 years (instead of 7 years for ARIES-I). The scenarios examined are: replace 2 modules 
each year, 4 modules every 2 years, 8 modnles every 4 years, and 16 modules every 
8 years (tfpc ~ 0 for those years that no modules are replaced). Values of ts = 28 d 
and tu = 60 d are used, which are the reference parameters for the ARIES-I design. A 
total of 8 years of operations is considered and the availability of the reactor is averaged 
over these 8 years. Because of lack of data regard! lg t c o m ) t,noj, and a, the impact 
of these variables was examined parametrically. Table 11.4-1 summarizes the results of 
this analysis for tcom = 7, 14, and 28 d, tmod ~ 2, 7, and 14 d, and a — I and 0.5. For 
those cases with tppc < taoPi the availability is determined by yearly scheduled BOP 
maintenance and is 0.759. 

The results frcm Table 11.4-1 indicate that the ratio o(tmm/tfjop is the major deciding 
factor in choosing among various module-replacement options. Examining cases with 
Q = 1, II (com — t 

HOP (28 d for ARIES-I), the maintenance time for the FPC is always 
longer than tnop and the difference is the time needed for module change out. For this 
case, all four module changeout options yield the same availability. If t c o m < tgop, it is 
beneficial to replace the modules gradually (i.e., replacing 2 modules each year yields 
higher availability). On the other hand, cases with tcom > tnop are expscted to favor 
replacement of all modules simultaneously. 

Reducing parameter a results in an improvement in availability for all cases. Lower 
values of a also reduce the ratio of tcom/tBOP that distinguishes between yearly and 
complete module replacement (16 modules every 8 years). This observation underlines 
the importance of performing maintenance tasks in parallel. 

lastly, even with long t c o m and tmod, the minimum availability value is 0.682 (0.718 
for a = 0.5 and replacement of all modules). This rather small drop in the availability 
reflects the fact that unscheduled maintenance time is dominant in setting the avail
ability values. Analysis of unscheduled maintenance time, tH, requires data on mean 
time-to-failure and mean time-to-rep air for various components. Because of the lack of 
data, this analysis was not performed. Rather, attempts have been made to standard
ize maintenance operations so that unscheduled events can be handled by the scheduled 
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Table 11.4-1. 
Average Plant Availability as a Function of 

Number of Modules Replaced Every Number of Years 

t c o m (d)t"> tmo!i(d)^ 2 m o d / y 4 mod/2 y 8 mod/4 y 16 mod/8 y 

For a = 1<C> 

7 2 0.759 0.759 0.759 0.755 

7 7 0.759 0.749 0.735 0.728 
7 14 0.740 0.711 0.697 0.689 

14 2 0.759 0.759 0.758 0.753 

14 7 0.759 0.740 0.730 0.725 
14 14 0.721 0.701 0.692 0.687 
28 2 0.748 0.748 0.748 0.748 

28 7 0.721 0.721 0.721 0.721 

28 14 0.682 0.682 0.682 0.682 

For a = p.$w 
7 2 0.759 0.759 0.759 0.759 

7 7 0.759 0.759 0.752 0.746 
7 14 0.759 0.740 0.730 0.72., 

14 2 0.759 0.759 0.759 0.758 

14 7 0.759 0.754 0.747 0.743 
14 14 0.740 0.730 0.725 0.723 
28 2 0.751 0.752 0.753 0.753 

28 7 0.730 0.735 0.737 0.739 

28 14 0.701 0.711 0.716 C.718 

'"'it™ is the time required to perform common tasks regardless of the number of 

modules to be replaced. 

' l ^ is the time required to replace the first FPC module. 

^odmod is the time required to replace the second (& subsequent) FPC module. 
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maintenance methods and equipment. It is expected that pretesting the FPC modules 
and standardizing maintenance procedures will reduce unscheduled maintenance time. 

The reference maintenance scenario for the ARIES-I reactor is bused on replacing two 
modules every year, because it is anticipated that two weeks is sufficient time to perform 
common FPC maintenance tasks ( T m o j = 14 d). As a result, the yearly FPC maintenance 
can be performed within the allotted 26 d for BOP maintenance. If t r o m exceed 28 d, then 
a less frequent replacement schedule would become preferable for achieving the highest 
availability possible. The dramatic impact of reactor maintenance and availability to 
reactor economics should be emphasized. For a 1000-MWe power plant with a cost of 
electricity of 70 mill/kWh, a decrease of plant availability from 76% to 75% costs the 
utility company S6 M every year. 

11.5. CONCLUSIONS 

The complexity of the maintenance operation and the required time for its comple
tion are strongly influenced by the machine design and plant layout. Because of this 
interconnection, operational and maintenance aspects of the ARIES-I reactor have been 
incorporated into the design process from the beginning. The maintenance philosophy 
of the ARIES-I reactor was developed through our examination of the maintenance pro
cedures for commercial fission power plants, other conceptual fusion-reactor designs, and 
existing experimental fusion facilities. 

The ARIES-I maintenance philosophy is based on a high degree of standardization and 
automation. Therefore, the ARIES-I FPC comprises 16 large-scale, identical modules. 
The FPC modules are self-contained and structurally independent of any neighboring 
component. Each of the modules consists of one toroidal-field (TF) coil, two inboard 
and two outboard first-wall, blanket, and shield sub-modules, two (upper and lower) 
divertor targets with support structure, and a section of the vacuum vessel. The limit 
to the number of components within a module is principally determined by the total 
mass of the module to be transported. Since the TF coils are removed during module 
replacement, a removable cryostat seal is used which does not require the cutting and 
joining of welfis to remove cryogenic structures, further reducing the time required for 
maintenance. 

Each module is replaced as a single unit during both scheduled and unscheduled 
events. Furthermore, all modules are pretested prior to installation in the reactor vault 
so that undetected defects become evident and high reliability can be achieved. As a 
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result, new modules are always available for immediate installation in the reactor vault. 
Minimum repair is performed in the reactor vault. Instead, the module containing the 
failed component is removed and replaced with a new module. After the reactor is back 
on line, the modules that have been removed can be s<?-"iced for later use and/or prepa-rfd 
for recycling and waste disposal. 

Several cfifferent maintenance schedules have been evaluated. Consideration has been 
given to whether annual, two-module replacement or replacement of all 16 modules every 
8 years is preferable. Since the modules are self-contained, the interfaces with neighboring 
modules and support structure should be few. It is anticipated that two modules can be 
replaced within the allocated 28-day annual scheduled maintenance period. The schedule 
allows for one week each to remove and replace the two modules and two weeks for 
common maintenance activities, resulting in an overall plant availability of 76% (including 
60 days for unscheduled maintenance). If module replacement and other associated 
activities require much more than the allocated 28 days per year, then a less frequent 
replacement schedule may be preferable to achieve the highest availability possible, 
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12. START-UP AND OPERATIONS 

12.1. INTRODUCTION 

The time required for plasma start-up and shut-down for the steady-state ARIES-I 
design is short when compared with the burn period, and is considered to be an occasional 
event in the reactor lifetime. The start-up, therefore, can be performed slowly and under 
optimal conditions (e.g., minimum power, stress, etc.). Furthermore, a rapid current 
ramp-up is undesirable because of increased power requirements and the demands on the 
poloidal-field (PF) coil system to keep the plasma in equilibrium. For the ARIES-I study, 
a quantitative modeling and assessment of the plasma start-up scenario was carried out, 
assuming disruption-free plasma and ensuring compatibility of the auxiliary-power system 
needed for start-up with the current-drive system required for steady-state operation. 
While a minimum-power requirement or minimum-energy input has been used frequently 
as a criterion in designing the start-up phase, it is of secondary importance in the context 
of a steady-state reactor. 

Considerations of the various reactor subsystems, such as first wall, blanket, divertor, 
and power conversion also impose constraints on the plant start-up and partial- and 
over-power operations. These constraints are mainly due to the temperature and thermal 
stress limits of the materials used in the subsystems, and to the power requirements for 
magnet cool-down, blanket he&c-up, and coolant circulation. 

In this section, both the plasma and engineering aspects of the start-up procedure for 
ARIES-I are examined in detail. In particular, Sec. 12.2 describes a plasma start-up code 
that is used to simulate the current ramp-up and plasma ignition scenarios for a tokamak 
reactor. The coupling of the fusion plasma with the PF-coil system and the reactor first 
wall can also be modeled. Preliminary simulation results indicate that a reasonable start
up scenario with an ~2400 s duration using auxiliary heating by the current-drive system 
is indeed possible. Section 12.3 contains an assessment of the engineering constraints on 
tha plant start-up and its various modes of power operations. No major critical issue has 
been uncovered by this study. In Sec. 12.4, conclusions and recommendations for future 
work are given. 
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12.2. PLASMA START-UP 

Ir this section, various plasma-physics aspects of the start-up ai operation of a toka-
mak reactor are examined in the context of the ARIES-I design. A t_, icai reactor plasma 
start-up procedure consists of the following sequence of events: pla. la initiation, cur
rent initiation, current and density ramp-up, auxiliary heating to ignji ^n, and approach 
to steady-state operating conditions. Specifically, plasma initiation, irren', start-up, 
and current ramp-up have been demonstrated in a notable experiment on PLT [1] using 
only lower-hybrid waves. A one-hour-long tokamak discharge sustained entirely by lower-
hybrid waves has recently been reported in TRIAM-1M [2], and a record current-drive 
efficiency, j(= UJ^RT/PCD), oi 0.34 x 10™ A/W-m 2 was obtained on JT-60 [3}. The 
data base for lower-hybrid start-up and current drive, therefore, is strong and the physics 
understanding is mature. 

Generally, a number of plasma start-up scenarios can be envisaged [4]. In ARIES-I, 
a low-density current ramp-up scenario based on lower-hybrid current drive is proposed, 
with a limit on the power input of not more than 20 MW. Electronic phasing of the 
lower-hybrid waveguide grille is a crucial element in this approach. At 0° phasing and 
modest power levels, the plasma is initiated at full radius, The increased power input 
is balanced against plasma convective losses through toroidal drift that can be adjusted 
by the vertical field [5]. By introducing a non-zero phase shift between adjacent wave
guides in the grille, the current can be initiated and ramped up. Once the full current 
is reached, a programmed fueling and auxiliary-heating schedule can be activated to 
bring the plasma to full fusion-power production. Transition io fast-wave current drive 
{FWCD) should be timed to provide adequate current ramp-up assist and auxiliary 
heating to the plasma. Throughout the start-up phase, constraints related to plaBma-
current ramp rates (< 1 MA/s for disruption mitigation), electron runaway, poloidal-field 
ramp-up rates (< l T / s ) , and thermomechanical responses of the fusion power core are 
applied. 

Only a limited number of start-up scenarios, going from current ramp-up to steady 
state, were considered and the results should be regarded as preliminary and non-
exhaustive. Section 12.2.1 describes the tokamak-specific features of the 6tart-up sim
ulation code used in the study. Section 12.2.2 gives preliminary results of a start-up 
scenario leading to the ARIES-I reference steady-state parameters. The thermomechan
ical response of the first wall for this reference scenario is also presented. Section 12.2.3 
contains a summary of the simulation results and lists a number of critical issues. 
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12.2.1. Fea tu r e s of Start-Up C o d e 

Estimates of the ARIES-I current and fusion-power ramp-up parameters have been 
made using a time-dependent, profile-averaged (zero-dimensional) plasma-circuit simula
tion code. This code solves a set of particle and power-balance equations for the plasma. 
These equations are coupled in turn to a set of circuit equations that describe the mag
netic interactions between the plasma and the various coil systems. The code utilizes 
a multi-species plasma model that includes electrons, fuel ions, impurities, and fusion 
ash. A Fokker-Planck formalism is used to describe both charged-particle fusion-product 
slowing down and e5ectron-ion energy equi-partition. Assuming density and tempera
ture profiles of the form [1 — ( r / a ) 2 ] Q n , a _ r and on-axis and edge-plasma safety factors, 
respectively qg and qa, the equilibrium current-density and magnetic-field profiles are 
approximated. In addition to the basic plasma and field-coil responses (e . j . , currents, 
voltages, densities, temperatures, powers), the code also estimates the first-wall thermal 
and mechanical responses. The start-up code^ originally developed for the reversed-field-
pinch (RPP) reactor, is described in detail in Refs. [6] and [7j; only modifications made 
to model for the tokamak are given in this section. All quantities in this section are in 
MKS units except for temperature in keV, power in MW, and current in MA. 

12.2 .1 .1 . P lasma model 

In this start-up code, the plasma is modeled as a torus with a circularized cross 
section of minor radius rp. For an elongated plasma of half-height 6 and equatorial plane 
half-width a (elongation K = fa/a), triangularity 5, and major radius Rr, the equivalent 
plasma radius is [8] 

/ , 0.233 * \ [2 J, i AS) 
= a K • • • • -

1/2 
(12.2-1) 

An equivalent first-wall radius is taken as rw = r p / x (x < 1) when computing the ther-
momechanical response in Sec. 12.3. 

A cylindrical one-dimensional (1-D) MHD equilibrium solver is used to compute the 
field and current profiles from a given pressure profile. With fi = fi„j • B / B 2 and p 
denoting the plasma pressure, the following equilibrium equations are solved: 

* - fiaJe = »BB + ?.„-£ • -± , (12.2-2) 

zirSrB») = / w * = / * * * - / • » ? : • § • (12.2-3) 
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For the RFP case, fi(r) is specified to satisfy experimental observation /j,(r) oc 1 — (r/a)8. 
For the case of a tokamak, fi(r) = tioJtW/B* is used with j<j,(r) being approximated 
by [l — [r/rpf]',J and aj — {qalqa)~l- While this 1-D approximation is adequate for 
the high-aspect-ratio circular RFP, applicability to the ARIES-I configuration is less 
certain. The impact of the approximate profiles on the start-up results, however, should 
be small since the equilibrium current-density and magnetic-field profiles are only used 
to calculate the plasma inductance for use in the circuit analysis (Sec. 12.2.1.3) and the 
plasma ohmic dissipation (corrected for neoclassical trapped-electron effects [9J). This 
neoclassical correction is applied to the classical parallel-field electrical resistivity, TJM '-, 
in a tokamak of inverse aspect ratio, e = \jA = CL/RT, resulting in V^E° given by [9] 

1L 
,A'EO 

- 1 -
fr(e) 

ni\ L i + C v.e 

where v.r is the electron collisionality and 

Cn /7(e) 
1 + C"., 

(12.2-4) 

/ T ( « ) 

CR 

= 1 -
(1 - ef 

f. e = 

( l _ e 2 ) l / 2 ( 1 + L 4 6 e l / 2 ) ' 

0.56 3 - Zc!} 

Zcjj 3 + Zcjj 
TAB*! Be) . 

9.1 x 10 ' 7 nclnkT-'i/2. 

0.58 + 0.20 ZcfJ . (12.2-5) 

The plasma-energy confinement time, T£, is modeled by the inverse-quadrature rela
tion between neo-Alcator and Goldston confinement times, respectively r/v..| and TQ [12]: 

\ - 2 l - ' / 2 

where 

T,y..\ 

rE = [r^ + (Hara)-2)' 

1.92 x 102'n,aR2

T, 

(12.2-6) 

ra = 3.7 x 1 0 - V - 5 ( ^ g ) " ' 5 h P / - 5 Rrr

l (12.2-7) 

and Ai is the atomic mass number of the fuel ions and Pn is total heating power. The 
Goldston confinement multiplier, He, in Eq. (12.2-6) is fixed at 1.5. For purposes of 
establishing a fueling algorithm, the ion-particle confinement time, T P , is taken to be 4T>;. 
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Synchrotron-radiation power loss, Pcvc, is calculated using the locally applied global 
model described in Sec. 2.2, and is found to scale as 

Pave « (1 - ^n^T^B'f , (12.2-8) 

where 5? is the first-wall reflectivity. In ARIES-I, the silicon-carbide first wall is quite 
lossy (5ft ~ 0.4), and both T e and B^ are high. Thus, Pcvc is comparable to the transport 
power loss and far exceeds bremsstrahlung radiation losses. Line radiation losses from 
carbon, oxygen, and iron impurities, and Zcfj are estimated with a coronal equilibrium 
model [13]. 

Two models [10, 11] are used to estimate the pressure-gradient-driven bootstrap cur
rent, IgS. Defining the Shafranov beta as /?/<? = 2jj 0p 0/_B|, where Bg = /J.0I0/(2naS), 
S = [(1 + K 2 ) / 2 ] I / ' 2 , and p0 is the peak pressure, the bootstrap-current fraction, /#,?, is 
given by 

fe- (12-2-9) /BS = £•-*['-*£)-*£) Zcf/Pc. 

for the model used in Ref. [10]. In this expression Q P = a„ -f- ar, C\ — 2.1, Ci — 1.3, 
Ci = 1.2, and / i = 0.24. For the approach recommended in Ref. [11], 

fBS = 26^ lT^r^y^dx' ( 1 2- 2" 1 0 ) 

where0 e is the poloidal beta, C„ = 1.5 + Z.\jZ\ff, and CT = 1.3 - 0 . 9 3 / ^ ' / / . Typically, 
fgs ' s small for the initial start-up conditions assumed and increases as the plasma beta 
is raised. In the simulations, f^s >s assumed to increase to the ARIES-I design-point 
value and, once achieved, is fixed at that value. In order to account for the pedestal 
density profile, which is used in the ARIES systems code but not included in the burn 
code, fgs is multiplied by a factor of 1.5 with the constraint that fgs f? 0.68, which is 
the steady-state value used in the systems code. 

12.2.1.2. Current ramp-up model 

The current ramp-up model described in Ref. [14] is used to relate the radio-frequency 
(RF) current-drive power, PcDi needed to drive the non-inductive part of the current 
transient, IRF. With the plasma loop voltage given by V4, = Pn/Ij, in terms of the ohmic 
power dissipation, PQ, and E\\ = V^/{2-KRT)^ 

Pep 1 - r„£i | 
IRF r, 

(12.2-11) 
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where, for lower-hybrid wai es [14), 

r - r - 9 " 8 4 8 x 1 Q 2 ' ( 1 / ^ I , - l / ^ l i ) , „ . „ . 

K is a constant (~0.39), and T| can be interpreted as the current-drive efficiency in 
the absence of E\\. The assumed square-wave spectrum of parallel refractive indices over 
which RF electron interactions occur is defined by Nzi = 2.0 and JV^2 = 1.5. These 
values for the refractive indices are chosen to give a normalized current-drive efficiency, 
7, to the steady-state value from the systems code, and to ensure penetration of the wave 
to the plasma core. 

We will show below [Eq. (12.2-22)] that the self- and mutual inductance of coils and 
plasma can be combined into an equivalent inductance, LE- Then, the RF current driven 
during start-up is determined by the following simple circuit equation, 

/ * , - ! * + %£. (12-2-14) 

where Rp is the evolving plasma resistance, Rp ~ 2Rr i)»E°l^j,- A correction for the 
bootstrap current is implied in Eq. (12.2-14). The heating power delivered to the plasma 
is given by 

P„ = PRF-LEIJ*, (12.2-15) 

of which ~99% is assumed to be deposited in the electrons. Note that the term LEI^I^ in 
Eq. (12.2-15) represents the power that goes into the poloidal-field energy in the plasma. 

For low-density lower-hybrid current start-up, it is necessary to monitor the condition 
for electron runaway (i.e., when electron dynamical friction falls below the e£j| acceler
ating force). The runaway condition is E\\jEn > 0.01, where the Dreicer field, ED, is 
given by 

ED ~ 1 0 " 3 ( - ) l n \ ^ . (12.2-16) 

Once the plasma current reaches the steady-state level, it is assumed that FWCD 
takes over as the density and fusion power are .simultaneously ramped to the steady-
state condition. Then, an empirical expression for the fast-wave efficiency, -fFIV, is used 
for this part of the simulation and is given by 

7 r „. = 0.72 { T e ) a 7 7 (0.014 + 0.235&), (12.2-17) 

where (Te) is the volume-averaged electron temperature. 
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12.2.1.3- P l a s m a circui t mode l 

A wide range of plasma start-up scenarios can be envisaged. These scenarios require 
programming the current-drive power, the fueling rate, and the PF-coil voltages. To 
ensure a smooth approach of the plasma to the design point in the simulations, a rela
tively straightforward algorithm is adopted. In order to maintain the greatest parametric 
flexibility, the current waveform, /*(£), is specified a priori in these simulations, although 
an option also exists to preprogram the individual coil voltages. An exponential ris* of 
the pltsraa cuiierA, w t h & ch.M&cteristic rise-time, TB, is used and assumes the form 

hit) = (I$'AX-ini-e-t/TR) + l4,N, (12.2-18) 

where typically I*'iN ~ 0.2 MA, and l£'AX = 10.4 MA is the ARIES-I steady-state cur
rent value. 

To properly model the interaction between the plasma and the PF coils during start
up, an equivalent-circuit approach is used. In Fig. 12.2-1, the entire ARIES-I PF-coil 
set and its locations are displayed. As defined by the output from the equilibrium code, 
VEQ [15], the 12 coils in the upper half of the plasma cross section are collapsed into six 
groups as shown. The self- and mutual inductances for any two groups of coils, designated 
A and B, each with n^ and ng coils, are given by, respectively 

LA = — 5 > + £ £ M-s i ( 1 2 - 2 - 1 9 ) 

MAB = £ £ « « , (12.2-20) 

where £, is the self-inductance of the fth coil and M,j is the mutual inductance between 
the ith and jth coils within a coil group. Figure 12.2-2 shows an equivalent :ircuit for the 
n (=6) collapsed coil sets, for which all the inductances can be computed independently 
from the VEQ outp The plasma is simply represented as an additional coil with 
inductance Lp and resistance iZ p. An equivalent voltage source, VRF, is us-ed to model 
the RF current-drive power. 

To preserve the plasma equilibrium during start-up, the ratio of the coil current for 
the tth coil group, Ig„ to the plasma current, / g , / / ^ = C,, is kept constant. Since the 
plasma current, 1^,, is known, each of the C, constants can be determined from VEQ. 
Thia allows decoupling of the plasma circuit equation from the rest of the circuit shovn 
in Fig. 12.2-2. To illustrate this, one can write the plasma circuit equation as 

-VttF + hRp + Lp^+f^Mi,,^- = 0, (12.2-21) 
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Figure 12.2-1. ARIES-I PF-coil set, as determined by VEQ [15], showing the collapsing 
of 12 coils into 6 groups. 
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n COLLAPSED COIL GROUPS PLASMA 

Figure 12.2-2. Equivalent (collapsed) PF-coil set and plasma circuit used in the start
up simulation model. 

which reduces to Eq. (12.2-14) if 

LB = Lp + JZCiMi, ^2.2-22) 

and VRF = IRFRP-

12.2.1,4. First-wall model 

The ARIES-I first wall is a bank of SiC tubes cooled by helium. A cros6 section of 
the start-up code model for the first wall is shown in Fig. 12.2-3. Table 12.2-1 lists the 
main dimensione and physical properties used to assess the theimomechanic&l response 
of the first-wall tube bank. In addition, a first-wall evaporation and sputtering model is 
used to dynamically feed impurities to the plasma. However, because of the r*l* .ively 
low power and particle fluxes and the first-wall materials for ARIES-I, impurity feedback 
is not an important effect. Details of the first-wall thermomechanical model are given in 
Ref. [16). 
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'l 
Ht COOLANT, T„, P„, h 

SIC/SIC COMPOSITE 

f i g u r e 12.2-3. First-wall model used to estimate the transient thermomechankal re
sponse for ARIES-I (r, = 4 mm, rm = 5.5 mm, ra = 7 mm). 

Table 12.2-1. 
First-Wall Parameters Used in ARIES-I Start-Up Simulations 

Density, p (kg/m 3) 
Thermal conductivity, « (W/K-m) 
Heat transfer coefficient, A (W/K-m 2 ) 
Heat capacity, c p (J/K-kg) 
Thermal expansion coefficient, a ( 1 0 _ 6 / K ) 
Young's modulus, E (GPa) 
Poisson's ratio, v 
Inner radius, •", (ram) 
Midpoint radius, r„,(ram) 
Outer radius, r0 (mm) 
Coolant temperature, Te (K) 

3,217 
15 

2,198 
1,200 
4.5 
240 
0.30 
4.0 
5.5 
7.0 
923 
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12.2.2. R e s u l t s o? Simulations 

Start-up transients, based on a combination of inductive and RF current drive, are 
given for the ARIES-I plasma. Table 12.2-II lists the initial plasma parameters assumed 
for the simulations. Strictly speaking, these parameters, at the end of current initiation, 
can be determined by solving the stationary-particle and power-balance equations with 
a small amoant of lower-hybrid input power. However, this approach is not used in 
this study because the simulation results are found to be relatively insensitive to the 
initial plasma parameters. The initial plasma density is then chosen by considering the 
minimum value allowed by the runaway-electron limit and the maximum value governed 
by the Greenwald limit [17]. This latter density limit, however, is generally violated 
by ~50% for full-power steady-state conditions and must be re-examined in the context 
of a DT-burning plasma including the a-particle pressure. The initial plasma beta is 
constrained to be below the Troyon limit of CV = (SBajIj, ~ 0.03. The simulation results 
presented in this section are grouped as time histories of currents, voltages, powers, 
and energies in the PF-coil circuit (Figs. 12.2-4 and 12.2-5), profile-averaged plasma 
properties (Fig. 12.2-6), and plasma powers (Fig. 12.2-7). 

As noted in Sec. 12.2.1, all start-up simulations for ARIES-I assume a priori that the 
plasma current follows an exponential rise with a rise-time, r^, described by Eq. (12.2-18), 
and calculates the required progiamming of the PF-coil voltages and powers. During the 
lower-hybrid-driven current-ramp phase, the plasma is fueled at a rate that is 5% above 

Table 12.2-II. 
Initial P lasma Conditions Used in ARIES-I Start-Up Simulations 

Plasma current, I*"N (MA) 0.2 

Density-weighted average temperature, T l e (keV) 0.4 

Average density, n, r C ( m - 3 ) 1.1 x 10 1 9 

Dreicer parameter, E^/ED 0.01 

Volume-averaged beta, fij, 3.13 x 10" 6 

Plasma-current ramp time, TR (S) 600 

Effective charge, Ztff 1.45 
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Figure 12.2-4. Transient response of the plasma current and RF voltage for the ARIES-I 
reference start-up scenario. 

the particle loss rate which is characterized by T P = 4TE- TO maximize the current-drive 
efficiency, the initial ion density, n./j, is kept low at n ip /n^ « 1 — 10, where n,f is the 
steady-state value. At t = 3-Sr/j, when J^,/I^IA,X ~ 0.97, the fueling rate is increased 
in a controlled fashion to allow thf plasma to follow the remaining current transient to 
its steady-state design conditions. At the same time, fast-wave power is switched on to 
maintain the current and to provide auxiliary heating to the plasma. Extensive para
metric studies have been carried out for these start-up scenarios using TR (characteristic 
rise-time of plasma current) and n,r/n,fi (ratio of steady-state final density to that of the 
current ramp-up phase) as variables, primarily to assess the lower-hybrid and fast-wave 
power requirements for a reasonable start-up time. In most of the cases studied, the gas 
fueling assumes a 50:50 DT mixture. However, to protect the divertor plates during these 
power transients, ramp-up of the plasma density to its full value should be as quick as is 
practical, while the fusion power level is controlled by adjusting the composition of the 
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Figure 12.2-5. Transient response of the PF-coil circuit for the ARIES-I reference 
start-up scenario showing the current rise rate, coil voltage, and coil input power. 
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Figure 12.2-6. Transients of ARIES-I plasma parameters during the reference start
up scenario: (A) Electron and ion temperatures, energetic a-particle temperature, and 
plasnia /3; (B) Electron and fuel ion densities, various ion fractions, and Dreicer parameter 
(He' and a" represent energetic a particles). 
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Figure 12.2-7. Transient response of various plasma power components in the ref
erence ARIES-I start-up scenario: a-particle heating power (PQ), transport power loss 
[PCOND), ohmic dissipation {PQ), bremsstrahlung (PBR) and synchrotron (Pcvc) powers, 
and current-drive heating (PCD)-

DT fuel mixture. This control technique admits th? possibility of a rapid density rise 
and a slower power transient with a tritium-lean fuel mixture. Scenarios involving this 
feature are also examined in the simulations and are presented in Sec. 12.2.2.4. 

12.2.2.1. Reference case study 

The temporal response of the ARIES-I plasma-coil circuit to a plasma-current wave
form given by Eq. (12.2-18) is studied first. This reference ARIES-I case uses TR = 600 s 
and initial plasma parameters given in Table 12.2-II. Specifically, the following initial val
ues are assumed: I^"N — 0.2 MA, IIJH = 1.1 x 10 1 9 m~ 3 for an assumed niF /n,-R = 10, 
and Ti = 0.4 keV. In Fig. 12.2-4, the time evolution of the plasma current, 1$, and 
RF current-drive voltage, VR?, is displayed. The rapid drops of VRF at f ~ 100 a and 
t ~ 2000 s reflect mainly a decrease in Rp due to a rise in electron temperature, Te, at 
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these points, as shown in Fig. 12.2-6(A). In Fig. 12.2-5, the coil current-rise rates, coil 
voltages, and input powers to the six PF-coil groups are given. The current and voltage 
transients in this case are well within the design limits of the PF-coil system. 

The time evolution of the relevant plasma parameters during the entire reference start
up phase for ARIES-I is also shown in Fig. 12.2-6. Specifically shown in Fig. 12.2-6(A) are 
the density-weighted volume-averaged electron and ion temperatures, respectively, Tc and 
X,, and the total plasma beta, /?^, as a function of time. During the low-density current-
ramp phase (0 < t < 2100 s), Te > T, because all the lower-hybrid power (~20 MW) is 
absorbed by electrons that are essentially decoupled from the fuel ions. At t = 2100 s, 
rapid density ramp-up occurs while the fast-wave power is raised to its full value in 
a controlled fashion. The steady-state conditions prescribed for ARIES-I are attained 
at t ~ 2500 s. In Fig. 12.2-6(B), the density evolution and the ion-species fractions, 
including those of thermal and energetic a-particles, are displayed. The time variation 
of the Dreicer parameter, £ ( = E\\JED), is also shown. In this case, the value of £ peaks 
at the end of the current ramp and is ~0.01, barely within the runaway limit. 

Figure 12.2-7 gives the time evolution of the various power terms in the plasma 
power-balance equations for the ARIES-I reference start-up scenario. These include the 
a-particle heating power, the transport power loss, the ohmic dissipation, the •synchrotron 
and bremsstrahlung powers, and the current-drive power, PCD- The Pen curve represents 
the programmed RF-power waveform that is needed to ramp up and sustain the current 
during the entire plasma 6tart-up phase. In this reference case, the lower-hybrid current-
drive power requirement for the low-density current ramp-up is found to be modest 
(< 20 MW). For t > 2100 s, the increase in PCD reflects the changeover to FWCD. As 
discussed in Sec. 12.2.1, the synchrotron power is comparable to the transport power 
throughout the entire start-up and bremsstrahlung radiation losses are much smaller. 

12.2.2.2. First-wall r e sponse 

The thermal and mechanical responses of the ARIES-I first wall to the reference 
start-up scenario were also analyzed. The following relevant first-wall power densi
ties are computed in the code: (A) neutron wall loading, /„,; (B) radiated hoat flux, 
IHAV — \PBR + PLINIC + Pcvc/(1 — /w)]/i4/r||-, where PLINE is the line radiation power, 
fn is the first-wall hole fraction, and Ap\y is the nominal first-wall surface area; and 
(C) maximum total heat flux, qToT ~ {Pq + ffi + PCD)/APW. In principle, QUAD should 
be used to estimate the first-wall thermomechanical transient behavior under the as
sumption that the divertor is operating during start-up. However, in order to examine a 



12.2. PLASMA START-UP 12-17 

worst-case scenario (no divertor operation), qror is used instead in the code calculations 
(all plasma power appearing on the first wall). In Fig. 12.2-8(A), the 1-D thermal re
sponse of the ARIES-I first wall (Fig. 12.2-3), accounting for one-sided surface heat flux, 
is given. In particular, the temperatures of the coolant tube at the outer, middle, and 
inner radii are displayed. The neutron wall loading, Iw, and heat fluxes, qn.\l) a n t ^ Q'l'OT-i 
are plotted as functions of time in the lower half of Fig. 12.2-8(B). In the same figure, 
the transient mechanical response of the first wall is shown in terms of the secondary 
(thermal) stress, crfl) at the inner and outer tube radii. The primary (pressure) stress, 
a*, for the ~10-MPa He coolant gives rise to loop components of 9.7 and 19.7 MPa at, 
respectively, the inner and outer tube radii. These stress levels appear to be well within 
the design limits for the SiC coolant-tube structures. A more detailed treatment of the 
thermomechanical behavior of the first wall at steady state is given in Sec. 8.3.2. 

12.2 .2 .3 . P a r a m e t r i c s tud ies 

In the start-up simulation results reported up to this point, m has been fixed at 600 s 
and the density is kept at the low value of 1.1 x 10 1 9 m~ 3 (i.e., 7i,f/n., n = 10) during 
the current ramp-up phase. In addition, a series of parametric calculations have been 
carried out with respect to variations in the prescribed current rise-time and the density 
at the ramp-up phase (see Fig. 12.2-9) in order to study their impact on the maximum-
requiied current-drive power, P^D » a n o - ^ e plasma evolution. Figure 12.2-9(A) depicts 
the influence of varying TR on the current-drive program to reach the steady state for a 
fixed ratio of IHF/n-ifl = 10 and the initial parame^rs shown in Table 12.2-II. As TR is 
decreased from 600 s, I4, increases throughout the e-aAy phase of the current ramp-up. 
Noting that PCD « IRF = !<!> + {LE/RJ,)^, and that Rp decreases as electrons are heated 
during the start-up, a maximum in PCD occurs. As an extreme example, a i"ci> X °f 
340 MW is needed to achieve an exponential rise-time of 150 s for the plasma current. In 
Fig. 12.2-9(B), the corresponding plasma temperature evolution is shown for Ty? = 150 s, 
200 s, and 600 s. For the cases with TR < 600 s, a temperature excursion in electrons is 
observed in the initial phase of the current ramp-up because of the strong ohmic heating 
of electrons from the rapid current rise. In the extreme case of r/j = 150 s, T c peaks 
beyond 40 keV while T, reaches a maximum value of 10 keV, resulting in significant a-
particle production in the 50:50 DT mixture used. Excursions in Te to above ~15 keV 
prevent core penetration of the lower-hybrid waves and must be avoided. 

Start-up simulations have also been performed using ARIES-I parameters for various 
values of n,f-/n,/i at n,r = 1.1 x IO 2 0 m~ 3 and TR = 600 s, and the results are displayed 
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in Fig. 12.2-10 as time histories of 2i and T c . At higher values of nm, more lower-
hybrid power is required to achieve the same current ramp rate because the current-drive 
efficiency is inversely proportional to ne. These larger current-drive (and heating) powers 
lead to higher temperatures and, in some cases, substantial a-particle production in the 
current ramp-up phase. Again, for these "high-density" start-up scenarios, the question 
of penetration of the lower-hybrid wave power to the plasma core warrants a more careful 
study. 

The results of these parametric studies are summarized in Fig. 12.2-11. Here, PCQ* 
for the lower-hybrid current-r^mp phase is plotted as a function of TR at nip/rim = 10, 
and also as a function of nur/nm at TR = 600 s. For both cases, n,f = 1.1 X 10 2 0 m - 3 . 
For reasons given previously, P<~Jj4A decreases with increasing TR and nifjmR. Also 

600 1200 1800 

TIME (s) 
2400 3000 

Figure 12.2-10. Time evolution of plasma temperatures in ARIES-I start-up simula
tions with TR = 600 B and n ^ / T I , R = 2, 5, and 10. 
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F i g u r e 12 .2 -11 . Dependence of maximum current-drive power during current ramp-
up phaBe on current rise-time for R,F/»*,R — 10, and on n.f/n.Tj for TR = 600 s, using 
ARIES-I reference parameters in Table 12.2-11. The maximum Dreicer parameter is also 
displayed as a function of nip/nm for TR = 600 s. 

plotted in Fig. 12.2-11 is the maximum value of the Dieicer parameter, £, as a ftinction 
of niF/nm at TR = 600 s. The linear rise of the Dreicer parameter with n,F/n,jt can be 
deduced by noting that 

LB 
\E'*X\ = 2nRi N.M.V > (12.2-23) 

where [I<i]A/.4A' is determined by r/j through Eq. (12.2-18), and by using the definition 
of ED in Eq. (12.2-16). It can be shown easily that lowering TR from 600 s raises the 
curve for £ vertically in the figure and violates the £ < 0.01 runaway condition at higher 
values of n,f /«,-/*. Therefore, in order to minimize the lower-hybrid power requirement 
and achieve a reasonable current rise-time while avoiding runaway-electron effects, the 
reference case presented in Sec. 12.2.2.1 appears to be an appropriate choice for ARIES-I 
plasma start-up. 
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22.2.2.4. Contro l of power r a m p - u p 

As noted in Sec. 12.2,2, with the full plasma current set at low density, protection of 
the divertor plates may require the rapid establishment of the operating plasma density 
as the fusion power is ramped up at a slower rate to its stendy-state level. This start
up feature also offers the additional advantage of minimizing the power transients on 
the blanket, primary coolant, steam generator, and turbine systems. To achieve this, a 
density ramp-up scenario using a variable DT fuel mixture can be considered. The range 
of possibilities in this context would be defined by the 50:50 DT transients studied in 
Sees. 12.2.2.2 and 12.2.2.3, and those of a near 100% deuterium (99:1 DT) mixture. The 
resulting temperature and power transients for these two start-up scenarios are shown in 
Fig. 12.2-12, using the reference ARIES-I parameters of Table 12.2-II. In Table 12.2-III, 
the steady-state powers at the end of the two start-up scenarios are compared. Relative 
to the case of 50:50 DT start-up, the ~100% deuterium start-up reduces the neutron and 
the charged particle powers by factors of, respectively, 25.6 and 21.2. However, because 
the current-drive power is increased by a factor of 2.4 due to the lower T<, and because 
the radiation power loss is smaller, the heat flux to the divertor plates is reduced by 
only CG%. The requirement of 244 MW of fast-wave power to drive the current in the 
deuterium start-up case is clearly unacceptable for ARIES-I since only about 100 MW 
of FWCD power is prescribed for steady-state operation. A lower FWCD power for this 
case is possible in principle, with a somewhat lower target density prior to the injection 
of tritium. 

A more elaborate power ramp-up scheme involving feedback control of the density 
fueling rate can also be considered, The key is to maintain the FWCD power to below 
~100 MW during the fusion-power ramp phase under the constraint 

„ ] 7 j P ; ° , = I*, (12-3-24) 

where 7,.,, and /«<,• are given by, respectively, Eqs. (12.2-17) and (12.2-5) and J0 ~ 10 MA 
in the reference case. The density is dictated by the fueling rate while the temperature 
can be partially controlled by the fuel mixture. Partial-power operation, demanded 
by engineering constraints during start-up, is relatively straightforward (using passive 
burn-control techniques involving density and auxiliary heating power) as long as the 
plasma is operating in a thermally stable region. However, in regions of low temper
atures (< 10-15 keV) where the plasma is thermally unstable, active feedback control 
will be needed. Because the ARIES-I reactor is based on steady-state current drive, a 
more detailed analysis is needed to assess the impact of the requirement of partial-power 
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Figure 12.2-12. Comparison of plasma transients between ARIES-I start-up scenar
ios with 50:50 and 99:1 DT fuel mixtures: (A) Plasma temperatures, and (B) Plasma 
powers for the 99:1 DT case and PCD for the 50:50 DT case [a-particle heating power 
{PQ), transport power loss (PCOND), ohmic dissipation {Pu), bremsstrahlung (PBR) and 
synchrotron {Pcrc) powers, and current-drive heating (PCD)]-
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Table 12.2-III. 
Steady -S ta t e Powers for D T and D D S t a r t - U p 

DT Fuel Mixture 

Systems Code 

50:50 

Start-Up Model 

50:50 99:1 

H!ectron temperature, Te (keV) 

Ion temperature, T, (keV) 

Total thermal power,*"' PTH (MW) 

Fusion power, Pp (MW) 

Charged particle power, PQ (MW) 

Neutron power, Pn (MW) 

DT neutron, PnDT (MW) 

DD neutron, PnDD (MW) 

FWCD power, PCD (MW) 

Transport power, PcoND (MW) 

Electron, PCONDC (MW) 

Ion, PCOND, (MW) 

Ohmic power, Pn (MW) 

Bremsstrahlung power, PSR (MW) 

Line radiation power, PLINE (MW) 

Cyclotron radiation power, Pcvc (MW) 

Neutron wall loading, Iw (MW/m 2 ) 

DT (14.06 MeV) 

DD (2.46 MeV) 

Plasma Q- value, Qp = PF/PRF 

19.3 27.6 15.1 

20.0 21.6 12.0 

2,026.9 2,325.9 361.5 

1,925.4 2,224.4 90.5 

386.7 447.0 21.1 

1,538.7 1,777.4 69.4 

1,538.7 1,775.8 67.1 

— 1.6 2.3 

96.7 101.5 243.8 

244.4 259.0 126.0 

— 167.9 86.2 

— 91.1 32.9 

0.9 0.6 0.8 

45.2 53.2 39.9 

— 19.9 16.4 

194.7 216.7 90.2 

2.5 2.9 0.1 

2.0 xlO" 7 2.2x10"'' 3.8xl0" 3 

19.9 22.8 1.2 

* a 'Without neutron energy multiplication. 
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operation on the overall design. Safe operation of the divertor during the start-up and 
partial-power phases should also be studied. 

12.2.3. Summary and Critical Issues 

A simple 0-D plasma-circuit code has been used to study start-up scenarios for 
ARIES-I. About 20 MW of lower-hybrid power is required to ramp up the current 
to its full value at low density (~ 1,1 x 10 l n m~ J ) in about 2100 s. At nearly full current, 
the fuel ion density is raised quickly by enhanced fueling with a 50:50 DT mixture while 
the FWCD power of ~100 MW is applied. This fusion-power ramp-up phase lasts for 
about 400 s. The final plasma parameters predicted by the start-up simulation generally 
agree well with the steady-state predictions of the ARIES systems code as outlined in 
Table 12.2-III. Some of the discrepancies arise from differences in the assumed radial 
density nnd temperature profile exponents, a„ and « ; . The ARIES-1 strawman design 
assumes a "pedestal" density profile with Q„ = 1.0, whereas the start-up simulations ust 
a parabolic profile with an = 0.3 in order to best match the fusion reactivity profile fac
tor, OLDJ . Differences in anr (7% less in the start-up model), coupled with those in 
temperature (24 keV vs 20 keV, giving a 30% difference in {(Tv)[yi) and the final fuel 
density (5% less in the start-up simulation), account for the ~15% difference (increase) 
in the steady-state fusion power predicted by the start-up model. Although fine tuning 
the code should bring the start-up and systems models into better alignment, the present 
agreement is considered adequate for the purpose of this study. 

It is noted that the simulation results reported in this section represent only a prelim
inary assessment of a plausible start-up scenario for ARIES-I. In addition to examining 
the impact of longer current-rise times on reducing the start-up power requirement, ways 
to better utilize the inherent volt-second capability of the PF-coil set should be investi
gated [15]. Other important features of the start-up scenario also remain to be examined. 
In particular, scenarios involving slower fusion-power ramp-up may be desirable from the 
viewpoint of safe operation of the steam generator and turbine systems, while divertor 
protection may require a more rapid density buildup. In order to satisfy both of these 
needs, a tritium-lean fueling scenario followed by a slower, full-density power ramp-up 
may be required. However, the feasibility of this scheme under the constraints of steady-
state ARIES-I power requirements remains to be shown. 
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12.3. PLANT START-UP 

Operating constraints of the various phases of the plasma and current start-up for the 
ARIES-I reactor were examined in detail in Sec. 12.2. Likewise, the engineering aspects 
of ARIES-I will also place constraints on the start-up and partial- and over-power oper
ations of the reactor plant. These constraints are due to the temperature and thermal 
stress limits of the first-wall, blanket, divertor, and power-conversion system materi
als, and to the power requirements for magnet cool-down, blanket heat-up, and coolant 
circulation. In Sec. 12.3.1, the plant start-up procedure and the associated constraints 
imposed on the reactor subsystems are outlined. Section 12.3.2 gives an assessment of 
the range of operating parameters for the various plant components under the conditions 
of partial- and over-power operations. The time scale of power ramp-up imposed by 
these engineering considerations can in general be met by careful control of the plasma 
start-up. 

12 .3 .1 . S t a r t - U p R e q u i r e m e n t s 

To start up the ARIES-I fusion-power reactor will require a number of actions involv
ing the engineering systems: 

c Cool down and energize the superconducting magnets. 

• Heat up and pressurize the primary coolant and power conversion systems. 

• Initiate the plasma operations at low power. 

• Balance the power-conversion-system conditions for power operation. 

• Roll the turbines and synchronize with the grid. 

• Increase the plasma power and load the turbines to minimum stable power levels 
(about 10% of full power). 

• Ramp up the plasma and power conversion system to full power. 

Each of these steps requires some time to accomplish and has the potential for imposing 
engineering constraints. 

The cool-down and energizing of the superconducting magnets will be governed by 
the power limits of the helium refrigeration system and the magnet-current power supply. 
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With the present ARIES-I systems, cool-down and energizing would take approximately 
one week. This could be reduced significantly, if desired, by simply providing larger 
refrigeration and power supply systems. Since the magnets will not be de-energized, 
much less warmed up, for routine shutdowns, the added expense of larger systems is not 
justified. The coils will be warmed only when they are to be removed for annual (at 
most) blanket replacement. 

Heat-up of the blanket, the primary coolant circuit, and the power conversion system 
will be done with the main helium circulator pumps (~-20 MW) run at 100% power, 
based on HTGR experience [18], and will take about three hours. At this point, plasma 
heating wilt be initiated using the fast-wave current-drive and heating system (~ 100 MW) 
to bring the plant to ~10% thermal power and to balance the power conversion system. 

In a conventional power plant, steam turbines are massive structures with much longer 
thermal time constants than other components, such as the steam generator. Tharefore, 
the start-up time is primarily the time needed to slowly heat the turbines to the operating 
temperature while staying within the thermal stress limit. Plants with an advanced 
steam cycle have longer start-up times because more time is needed to complete the 
temperature ramp to the higher throttle temperature required by the advanced design. 
Table 12.3-1 shows the start-up times from two previous studies [19, 20] for a bare plant 
(presently operating) and an advanced plant using an advanced steam cycle similar to 
that proposed for ARIES-I. The longest time for cold start-up is expected to be about 10 

Table 12.3-1. 
Start-Up Times (h) for Coal-Fired Power Plants 

Westinghouse [19] General Electric [20] 

Type of Start-Up Bare Plant Advanced Plant Bare Plant Advanced Plant 

Cold 9.1 9.9 8.1 10. 

After weekend shutdown — — 3.6 5.5 

Warm -2.0 -2 .4 — — 

Hot ~1.4 2.0 — — 
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hours when the operating parameters of the system (temperature and pressure) attain 
their design values. This is accomplished at about 10% of full power. Start-up after 
weekend shutdown requires about six hours, and warm or hot start-up takes about two 
hours. A steam generator can be loaded at 2% per minute, so unloading during shutdown 
can be done at about 1% per minute. The plant is generally tripped at lu% of full power. 

The plasma start-up time is on the order of tens of minutes for ARIES-I, as mentioned 
in the previous section. The thermal time constants of the first wall, blanket, and divertor 
are very short, on the order of seconds. Therefore, it is the start-up time for the power 
conversion system that determines the start-up time of ARIES-I. With the magnets 
already energized, the total start-up time from cold and hot shutdowns to full power will 
be, respectively, about twelve and two hours. The orderly shutdown time will be nearly 
two hours. 

12.3.2. Partial- and Over-Power Operations 

Based on the configuration of the ARIES-I reference outboard first-wall and blanket 
designs, calculations were performed to estimate the range of equilibrium partial- and 
over-power operations that would be permitted without exceeding any of the design limits 
of the first-wall and blanket materials. Three design criteria were used for the evaluation: 

• The SiC-composite-material maximum temperature should be < 1100°C, 

• The Li2ZrO;j operating temperature should be designed to be within the tempera
ture window of 400 to 1400°C, and 

• Structural and thermal stresses have to be designed to SiC-composite-material de
sign limits. 

In summary, the results of this analysis show that the maximum-acceptable wall loading is 
defined by the SiC-composite maximum-allowable temperature; the minimum-acceptable 
wall loading is defined by the minimum-allowable temperature of the solid breeder. The 
bases for these design limits are presented in Sec. 8. 

Table 12.3TI shows the operating parameters of the maximum wall-loading case com
pared to the reference design at the mid-plane location of the outboard blanket. As 
shown, the maximum wall loading could be as much as 1.9 times that of the reference 
design. As the wall loading increases, in order to maintain the same coolant inlet and 
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Table 12.3-IL 
Maximum Wall-Loading and Reference Design Parameters 

Maximum Wall Loading Reference 

Neutron wall loading ( M W / m ! ) 7.35 3.87 

Surface wall loading ( M W / n r ) 1.16 0.61 

First-wall parameters^' 

Heat transfer coefficient (W/K-m 2 ) 3,690 2,208 

Coolant and solid interface temperature (°C) 978 938 

Solid maximum temperature (°C) 1,096 1,001 

Pressure drop (kPa) 62.1 20.2 

Pumping power (MWe) 111 19 

'"'At the outboard mid-plane location. 

outlet temperatures, the coolant mass-flow rate will have to be increased. This will 
increase the heat transfer coefficient at the expense of higher pressure drop and much 
higher pumping power. The maximum wall temperature will approach the design limit of 
1100°C when the wall loading reaches 7.35 M W / m l At this point, the increased thermal 
stress across the first wall will have reduced its stress design margin to essentially 1.0, 
but the structural design limits will not yet have been exceeded. 

Table 12.3-III shows the operating parameters of the minimum wall-loading case 
compared to the reference design at the top or bottom location of the second breeder zone. 
As shown, the minimum wall loading can be as low as 0.1 times that of the reference design 
before the LiaZrO;) lower operating-temperature limit is reached. This is partly due to 
the relatively high coolant-inlet temperature of 250°C. As the wall loading decreases, in 
order to maintain the same coolant inlet and outlet temperatures, the coolani mass-flow 
rate will have to be decreased. This will drive the coolant to laminar flow and reduce the 
heat transfer coefficient and the pressure drop. The minimum breeder temperature will 
reach the lower operating limit of 400°C when the wall loading reaches 0.25 MW/m'. 



12-30 START-UP AND OPERATIONS 

Table 12.3-III. 
Minimum Wall-Loading and Reference Design Parameters 

Minimum Wall Loading Reference 

Neutron wall loading (MW/m 2 ) 0.25 2.48 

Surface wall loading (MW/m 2 ) 0.04 0.391 

Breeder zone parameters^ 

Heat transfer coefficient (W/K-m 2 ) 269 1,989 

Reynolds number 1,185 11,848 

Coolant and solid interface temperature (°C) 402 460 

Solid maximum temperature (°C) 411 544 

Pressure drop (kPa) 0.07 4.17 

Pumping power (MWe) 0.03 19 

'"'At 2nd breeder zone located at the top or bottom of the outboard blanket and at the 

coolant-inlet location. 

These results indicate that at equilibrium, the ARIES-I reference blanket design allows 
a large range (from 10% to 190% of the reference design operation) of partial- and over
power operation. Operation at the 190% point is not a practical option because this 
would leave no design margins for local peaking factors, etc. Further, in order to take 
advantage of the potential for over-power operation, an oversized helium circulator would 
be required because the pumping power goes up significantly with increasing fusion power. 
Similarly, the entire power-conversion system would have to be designed with excess 
capacity. Nevertheless, the wide range of blanket operation that is theoretically possible 
is an indication of the tolerance for off-nominal operating conditions that the use of the 
high-temperature, SiC-composite blanket materials provides. 
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12.4. SUMMARY AND CONCLUSIONS 

The plasma physics aspects of the start-up and operation of the ARIES-I reactor 
have been investigated in detail. Using a 0-D plasma-circuit code, a plausible start-up 
scenario going from current initiation to steady state has been determined. About 20 M\V 
of lower-hybrid power is required to ramp up the plasma current to its full value at low 
density (~ 1.1 x 10 ' 9 m~ 3 ) in 2100 s at a characteristic rise-time of 600 s, Another 400 s 
is required to raise the density and fusion power to their steady-state levels using FWCD 
power of --100 MW. Other lower-hybrid power and fueling strategies are possible and 
will be the subject of future work to further reduce the start-up power requirement while 
simultaneously meeting a range of plasma constraints. 

There appears to be no major R&D issue related to lower-hybrid current ramp-up 
and current drive specific to ARIES-I since the relevant data base is already well devel
oped. However, the start-up transient codes should be improved by incorporating more 
precise physics models, particularly in the areas of current drive and transport. This 
may entail the inclusion of self-consistent plasma-profile evolution in the modeling anal
ysis. Acquiring ample operational experience in plasma initiation, current start-up, and 
current ramp-up on a large tokamak reactor, such as ITER, is most important. Simi
lar experience vnth the auxiliary-heating and density-rise phase, smooth transition from 
lower-hybrid to fast-wave current drive, and the approach to steady-state burn will be 
valuable. 

The engineering aspect of the reactor plant start-up and operation is also examined 
in the context of the operational constraints imposed by the major subsystems (first wall, 
blanket, divertor, and power conversion system) and material choices. It is found that, 
as long as the superconducting magnets are not de-energized during routine shutdowns, 
it is the start-up time for the power conversion system that determines the start-up time 
of the ARIES-I plant. The total start-up time then ranges from twelve hours for cold 
start-up to two hours for hot start-up, and the orderly shutdown time is approximately 
two hours. The choice of SiC composite as the first-wall structural material and Li-jZrO;) 
as the breeder material permits, in principle, blanket operation ranging from 10% to 
190% of full power. No major critical issue has been uncovered during the course of this 
investigation. 
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A.l . TABLE OP ARIES-I REACTOR PARAMETERS 

1. C H A R A C T E R I S T I C M A C H I N E D I M E N S I O N S 

1.1. Reactor Envelope*"' 
1.1.1. Height 
1.1.2. Outside diameter 
1.1.3. Circumference 
1.1.4. Volume 

1.2. Plasma Chamber 
1.2.1. Major toroidal radius 
1.2.2. Pla-ma half width 
1.2.3. First-wall half width 
1.2.4. Plasma volume 
1.2.5. Plasma chamber volume 
1.2.6. Wall surface area 
1.2.7. Number of sectors'6) 

14 m 
24 m 
74 m 

6,114 m;» 

6.75 m 
1.50 m 
l.tiO m 
489 m 3 

554 m 3 

619 m 2 

16 
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P L A S M A P A R A M E T E R S * 0 ' 

Fuel Cycle DT/Li 

Plasma Dimensions 

2.2.1. Plasma aspect ratio 4.50 
2.2.2. Major toroidal radius 6.75 m 
2.2.3. Plasma half width 

2.2.3.1. 95% flux surface 1.45 m 
2.2.3.2. Separatrix 1.50 m 

2.2.4. Plasma vertical elongation, « 
2.2.4.1. 95% flux surface 1.60 
2.2 4.2. Separatrix 1.80 

2.2.5. Plasma triangularity, S 
2.2.5.1. 95% flux surface 0.47 
2.2.5.2. Separatrix 0.70 

2.2.6. Plasma volume 
2.2.6.1. 95% flux surface 426 m 3 

2.2.6.2. Separatrix 489 m 3 

1.89 x 10 2 U r r r 3 

1.00 x 10 2 l ) m - 3 

1.24 x 10 2 u r r r 3 

1.61 x 10 2 u r r r 3 

0.87 x 10 2 u m - 3 

0.0004 
0.4435 
0.4435 
0.0026 
0.1000 

2.4.4.6. Oxygen (impurity) 0.0100 

Electron Density ( d ) 

2.3.1. Average 
2.3.2. Peak 
2.3.3. At separatrix 

Total Ion Density'"'* 
2.4.1. Average 
2.4.2. Peak 
2.4.3. At separatrix 
2.4.4. Ion fractions 

2.4.4.1. Proton 
2.4.4.2. Deuterium 
2.4.4.3. Tritium 
2.4.4.4. 3 He 
2.4.4.5. 4 He 
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2.5. Electron Temperature'1*' 
2.5.1. Average (density weighted) 19.3 keV 
2.5.2. Average 17.4 keV 
2.5.3. Peak 36.6 keV 
2.5.4. Separatrix 0.22 keV 

2.6. Ion Temperature ( d ) 

2.6.1. Average (density weighted) 20.0 keV 
2.6.2. Average 18.1 keV 
2.6.3- Peak 38.0 keV 
2.6.4. Separatrix 0.30 keV 

2.7. Effective Plasma Ion Charge 1.65 

2.8. Core-Plasma Confinement 
2 8,1. Particle confinement time ' e ' 
2.8.2. Lawson parameter 
2.8.3. Energy confinement time 
2.8.4. Confinement enhancement multiplier 

2.8.4.1. ITER89-P 
2.8.4.2. Kaye-Goldston 

2.8.5. Core-plasma radiation fraction 
2.8.5.1. Synchrotron 
2.8.5.2. Bremsstrahlung 
2.8.5.3. Impurity radiation 
2.8.5.4. Total 

2.8.6. Particle flux at separatrix 
2.8.7. Heat flux at separatrix 

2.9. Plasma Toroidal Current 

2.10. Plasma Toroidal Current Density**' 
2.10.1. Average 
2.10.2. Peak 

10.0 s 
2.94 x 10™ s m - 3 

2.5 s 

2.6 
2.2 

0.402 
0.093 
0.005 
0.500 

1 x 10 I B m - V 
0.4 MW/m ! 

10.20 MA 

0.85 MA/m2 

2.56 MA/m2 

2.11. Poloidal Field at Plasma Edge 0.94 T 
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2.12. Toroidal Field 
2.12.1. At plasma axis 
2.12.2. Peak field on the coil 

11.3 
21.0 

2.13. Vertical Field 
2.13.1. At plasma axis 0.79 T 

2.14. Poloidal Beta 
2.14.1. Total 
2.14.2. Fuel ions and electrons 
2.14.3 Peak Shafranov 
2.14.4 e0p 

2.813 
2.295 
6.939 
0.625 

Toroidal Beta 
2.15.1. Total 
2.15.2. Fuel ions and electrons 
2.15.3. Fast particles 
2.15.4. Troyon coefficient 
2.15.5. Engineering beta'-'' 

0.019 
0.016 
0.003 
0.032 T/A-m 
0.006 

2.16. Safety Factor 
2.16.1. On axis, qa 

2.16.2. At edge, ft. 
2.16.3. At edge, ej. 

1.30 
4.75 
3.91 

2.17. Bootstrap-Current Fraction 0.68 

2.18. Current Drive 
2.18.1. Method 
2.18.2. Frequency 
2.18.3. Input electric power 
2.18.4. Power to the plasma 
2.18.5. Driven current 
2.18.6. Efficiency 
2.18.7. Efficiency factor, -* 

FWCD LHCD 
141 
134 

8,000 
7 

MHz 
MW 

97 5 MW 
3.26 MA 
0.032 

0.33 x 102" 
A/W 
A/m*-W 

2.19. Plasma Heating-to-Ignition Method' 3 ' ICRF 
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2.20. Plassna Ohmic Dissipation 
2.20.1. Plasma loop voltage 

2.21. Plasma Disruption 
2.21.1. Stored plasma thermal energy 
2.21.2. Most affected component 
2.21.3. Thermal energy on the divertor 
2.21.4. Quench time 
2.21.5. Average heat flux 
2.21.6. Local peaking factor 
2.21.7. Divertor armor disruption-allowance layer 
2.21.8. Divertor armor ablation thickness per disruption 100 fim 

0.85 MW 
0.084 V 

618 MJ 
Divertor 

420 MJ 
0.3 ms 

36.7 MW/m2 

5 
1 mm 
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3. P O W E R F L O W 

3.1. Total Nuclear Power (M, vP,v + Pa) 
3.1.1. Fusion power 

3.1.1.1. Charged-particle power, P„ 
3.1.1.2. Neutron power, PN 

3.1.2. Blanket energy multiplication, Ms 

3.2. Total Plasma Power 
3 2.1. Charged-part id oower, Pa 

3.2.2. Current-drive power 
3.2.3. Bremsstrahlung 

3.2.3.1. To first wall 
3.2.3.2. To divertor 

3.2.4. Synchrotron 
3.2.4.1. To first wall 
3.2.4.2. To divertor 
3.2.4.3. To "holes"*'') 

3.2.5. Transport into scrape-off layer 
3.2.5.1. Radiation in scrape-off layer 
3.2.5.2. Radiation in divertor 
3.2.5.3. Transport to first wall 
3.2.5.4. Transport to divertor 

3.3. First-Wall Thermal Power 
3.3.1. Surface heating 

3.3.1.1. Radiation 
3.3.1.2. Plasma 

3.3.2. Nuclear fteating 
3.3.2.1 Structure 
3.3.2.2. Coolant 

3.3.3. Coolant-pumping power 

2,387 MW 
1,925 MW 

386 MW 
1,539 MW 
1.30 

386 MW 
102 MW 
49 MW 
39 MW 
10 MW 

195 MW 
173 MW 

5 MW 
17 MW 

244 MW 
0 MW 
0 MW 
2 MW 

242 MW 

305 MW 

229 MW 
2 MW 

73 MW 
0 MW 
1 MW 
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Breeder/Multiplier-Zone Thermal Power 
3.4.1. Nuclear heating 

3.4.1.1. Structure 
3.4.1.2. Coolant 
3.4.1.3. Beryllium 
3.4.1.4. Breeder 

3.4.2. Coolant-pumping pjwer 

1,458 MW 

235 MW 
0 MW 

422 MW 
789 MW 

12 MW 

Reflect or-Zone Thermal Power 
3.5.1. Nuclear heating 

3.5.1.L Structure 
3.5.1.2. Coolant 

3.5.2. Coolant-pumping power 

459 MW 

453 MW 
0 MW 
6 MW 

Shield Thermal Power 
3.6.1. Nuclear heating 

3.6.1.1. Structure 
3.6.1.2. Coolant 

3.6.2, Coolant-pumping power 

Divertor-Plate Thermal Power 
3.7.1. Surface heating 

3.7.1.1. Radiation 
3.7.1.2. Plasma 

3.7.2. Nuclear heating 
3.7.2.1. Structure 
3.7.2.2. Coolant 

3.7.3. Coolant-pumping power 

Total Reactor Thermal Power, PCh 
3.8.1. First-wall thermal power 
3.8.2. Breeder/multiplier-zone thermal power 
3.8.3. Reflector-zone thermal power 
3.8.4. Shield thermal power 
3.8.5. Divertor-plate thermal power 

11 MW 

11 MW 
0 MW 

<1 MW 

311 MW 

15 MW 
242 MW 

19 MW 
0 MW 

35 MW 

2,544 MW 
305 MW 

1,458 MW 
459 MW 

11 MW 
311 MW 

Thermal-Cycle Efficiency, TJJ;/ 0.49 
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3.10. Gross Electric Power, PEr 1,247 MW 

3.11. Recirculating Power 247 MW 
3.11.1. Current-drive system 141 MW 
3.11.2. Coolant-pumping power 54 MW 
3.11.3. Auxiliary power 52 MW 

3.12. Net Electric Power 1,000 MW 

3.13. Recirculating-Power Fraction, e 0.198 

3.14. Engineering, QE (= 1/e) 5.058 

3.15. Plasma, Qp (= Pr/Pco) 19-91 

3.16. Net Plant Efficiency, JJP = 17-/7/(1 - e) 0.393 

3.17. Mass Power Density (MPD) 99 kWe/tonne 

3.18. Plasma Power Density, /V/V p 3.94 MW/m 3 



A.J. TABLE OF ARIES-I REACTOR PARAMETERS A-9 

4. REACTOR COOLANT SYSTEM 
4.1. First-Wall System SiC-composite' 1' shell v.ith 

circular coolant channels'-*' 
forming the front and sides 
of the blanket module. 

4.1.1. Coolant Helium 
4.1.2. Structural material SiC composite 
4.1.3. Shell thickness'*' 12 mm 
4.1.4. Coolant-channel inner dir.meter 8 mm 
4.1.5. Erosion allowance 2 mm 
4.1.6. Structure volume fraction P.67 
4.1.7. Coolant volume fraction 0.33 
4.1.8. Void volume fraction N/A 
4.1.9. Structure vc-lv.metric heating 27.1 M W / m ' 
4.1.10. Coolant volumetric heating 0.0 M W / m 3 

4.1.11. Outlet temperature 923 K 
4.1.12. Inlet temperature 623 K 
4.1.13. Outlet pressure 9.98 MPa 
4.1.14. Inlet pressure 10 MPa 
4.1.15. Pressure drop 0.02 MPa 
4.1.16. Maximum primary stress 33 MPa 
4.1.17. Maximum secondary stress 44 MPa 
4.1.18. Maximum wall temperature 

4.1.18.1. SiC composite^) 1,233 K 
4.1 18.2. SiC coating**' 1,311 K 

4.1.19. Tjtal coolant flow rate 171 kg/s 
4.1.20. Maximum coolant flow velocity 39 m/s 
4.1.21. Reynolds number, Re 7 x 10"1 

4.1.22. Nusselt number, Nu 130 
4.1.23. Prandtl number, Pr 0.667 
4.1.24. Critical heat flux N/A 
4.1.25. Subcooling at exit N/A 
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4.2, Breeder/Multiplier-Zone System Alternating layers of 
He-cooled SiC-composite 
shells ' , , J ' and sphere-packed 
breeder/multiplier mixture.' ' ' 

4.2.1. Coolant 
4.2.2. Structural material 
4.2.3. Multiplier material 
4.2.4. Breeder material 
4.2.5. Outboard module width at the first wall 
4.2.6. Zone radial dimension 
4.2.7. Coolant shell thickness 
4.2.8. Coolant-channel inner diameter 
4.2.9. N\ mber of coolant shells 
4.2.10. Minimum sphere-pack-zone thinness 
4.2.11. Structure volume fraction 
4.2.12. Coolant volume fraction 
4.2.13. Multiplier volume fraction'1' 
4.2.14. Breeder volume fraction'1' 
4.2.15. Maximum structure volumetric heating 
4.2.16. Coolant volumetric heating 
4.2.17. Maximum breeder/Be volumetric heating 
4.2.18. Outlet temperature 
4.2.19. Inlet temperature 
4.2.20. Outlet pressure 
4.2.21. Inlet pressure 
4.2.22. Maximum pressure drop 
4.2.23. Maximum breeder/Be temperature 
4.2.24. Total coolant flow rate 
4.2.25. Maximum coolant flow velocity 
4.2.26. Reynolds number, Re 
4.2.27. Nusselt number, Nil 
4.2.28. Tritium purge-stream gas 
4.2.29. Tritium purge-stream gas pressure 

Helium 
SiC composite 

Beryllium 
lithium zirconate 

1.64 m 
0.2 m 

7 mm 
5 mm 

10 
11 mm 

0.25 
0.05 
0.56 
0.14 

25 M W / m 3 

0.0 M W / I I I 3 

29 M W / m 3 

923 K 
623 K 

9.97 MPa 
10 MPa 

0.03 MPa 
938 K 
964 kg/s 

20 m/s 
1.26 x 10' 

33 
Helium 

0.1 MPa 
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Reflec :tor-Zone System Alternating layers of 
He-cooled SiC-composite 
shells'''-'' and sphere-packed''' 
reflector material.*'"' 

4.3.1. Coolant Helium 
4.3.2. Structural material SiC composite 
4.3.3. Reflector material 

4.3.3.1. First zone Beryllium 
4.3.3.2. Second zone SiC 

4.3.4. Module width at the first wall 1.64 m 
4.3.5. Outboard radial-zone dimension 

4.3.5.1. First zone 0.10 m 
4.3.5.2. Second zone 0.37 m 

4.3.6, Inboard radial-zone dimension 
4.3.6.1. First zone 0.10 m 
4.3.6.2. Second zone 0.07 m 

4.3.7. Coolant shell thickness 7 mm 
4.3.8. Coolant-channel inner diameter 5 mm 
4.3.9. Number of coolant shells 2 
4.3.10. Minimum sphere-pack-zone thickness 11 mm 
4.3.11- Structure volume fraction 0.25 
4.3.12. Coolant volume fraction*m' 

4.3.12.1. First zone 0.05 
4.3.12.2. Second zone 0.25 

4.3.13. Reflector volume friction 
4.3.13.1. First zone (Be) 0.70 
4.3.13.2. Second zone (SiC) 0.50 

4.3.14. Structure vohimei. ic heating 5.4 M W / m 3 

4.3.15. Coolant volumetric heating 0.0 MW/m ; i 

4.3.16. Maximum Be volumetric heating 24 MW/ra 5 

4.3.17. Outlet temperature 923 K 
4.3.18. Inlet temperature 623 K 
4.3.19. Outlet pressure 10 MPa 
4.3.20. Inlet pressure 10 MPa 
4.3.21. Pressure drop 0.005 MPa 
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4.3.22. Maximum Be temperature 1,073 K 
4.3.23. Total coolant flow rate 290 kg/s 
4.3.24. Maximum coolant flow velocity 8 m/s 
4.3.25. Reynolds number, Re 5 x l 0 3 

4.3.26. Nusselt number, Nu 16 

Shield System Alternating lay ers of 
He-cooled SiC-composite 
shells("» and 
shield materia !.(••> 

4.4.1. Coolant Helium 
4.4.2. Structural material SiC composite 
4.4.3. Shield material SiC/B.,C 
4.4.4. Radial thickness 

4.4.4.1. Inboard 0.7 m 
4.4.4.2. Outboard 0.8 m 

4.4.5. Shield coolant-shell thickness 7 mm 
4.4.6. Coolant-channel inner diameter 5 mm 
4.4.7. Number of reflector coolant shells 4 
4.4.8. Structure volume fraction 0.05 
4.4.9. Shield-material volume fraction 0.90 
4.4.10. Coolant volume fraction 0.05 
4.4.11. Structure volumetric heating 3.1 M W / m 3 

4.4.12. Coolant volumetric heating 0.0 MW/m^ 
4.4.13. Outlet temperature 923 K 
4.4.14. Inlet temperature 623 K 
4.4.15. Outlet pressure 10 MPa 
4.4.16. Inlet pressure 10 MPa 
4.4.17. Pressure drop 0.006 MPa 
4.4.18. Maximum temperature 1,000 K 
4.4.19. Total coolant flow rate 7 kg/s 
4.4.20. Maximum coolant flow velocity 9 m/s 
4.4.21. Reynolds number, Re 6 x 10:l 

4.4.22. Nusselt number, Nu Id 
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4.5. Divertor Plate System 

4.5.1. Coolant 
4.5.2. Structural material 
4.5.3. Armor material 
4.5.4. Coolant-tube outer diameter 
4.5.5. Coolant-tube inner diamoter 
4.5.6. Armor thickness 
4.5.7. Outlet temperature 
4.5.8. Inlet temperature 
4.5.9. Outlet pressure 
4.5.10. Inlet pressure 
4.5.11. Maximum primary stress 
4.5.12. Maximum secondary stress 
4.5.13. Maximum structure temperature 
4.5.14. Maximum armor temperature 
4.5.15. Total coolant flow rate 
4.5.16. Maximum coolant flow velocity 

4.6. Coolant-Circulator Type 
4.6.1. First wall, blanket, and shield 
4.6.2. Divertor plate 

4.7. Power Input to Each Circulator 
4.7.1. First wall, blanket, and shield 
4.7.2. Divertor plate 

He-cooled SiC-composite 
shell( , J ' with plasma-sprayed 
tungsten armor. 

Helium 
SiC composite 

Tungsten 
3.5 mm 
2.5 mm 

2 mm 
923 K 
623 K 

9 MPa 
10 MPa 
35 MPa 
86 MPa 

902 K 
1,094 K 

198 kg/s 
195 m/s 

Centrifugal pump 
Centrifugal pump 

19 MW 
35 MW 
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5. S H I E L D C O O L A N T SYSTEM 

5.1. Hot-Shield Coolant*"' Helium 

6. I N T E R M E D I A T E COOLANT SYSTEM 

6.1. Secondary Coolant 

7. P O W E R C O N V E R S I O N SYSTEM 

7.1. Cycle Type 

7.2. Number of Turbine/Generator Sets 

7.3. Turbine Arrangement 

7.4. Number of Re-Heats 

7.5. Number of Regenerative Feedwater Heaters 

7.6. Throttle Steam Pressure 

7.7. Condenser Back Pressure 

7.8. Total Steam Flow Rate 

7.9. Throttle Steam Temperature 

7.10. Steam Temperature After Each Reheat 

7.11. Feedwater Inlet Temperature 

7.12. Gross Cycle Efficiency 

7.13. Gross Electric Output 

None 

Advanced Rankine 

2 

Tandem 

2 

9 

31 MPa 

6 .7xl0~ 3 MPa 

892 kg/s 

873 K 

873 K 

574 K 

0.49 

1,247 MW 
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8. R E A C T O R A U X I L I A R Y S Y S T E M 

8.1. Magnet Cooling System 
8.1.1. Toroidal-field coils 

8.1.1.1. Coolant 
8.1.1.2. Total cooling load during start-up 
8.1.1.3. Total cooling load during disruption 

8.1.2. Poloidal-neld coils 
8.1.2.1. Coolant 
8.1.2.2. Total cooling load during start-up 
8.1.2.3. Total cooling load during disruption 

Helium 
0.5 MJ 
2.0 MJ 

Helium 
0.8 MJ 
1.0 MJ 

8.2. Vacuum-Pumping System 
8.2.1. Vacuum and plasma-chamber pressures 

8.2.1.1. Base plasma-chamber pressure 
8.2.1.2. Divertor duct pressure 
Temperature of neutral gas 
Plasma chamber volume 
Vacuum chamber volume 
Particle throughput 
8.2.5.1. DT 
8.2.5.2. Helium 
Conductance of the divertor duct 
Type of pumps 
Number of vacuum pumps 
Helium-pumping speed (per pump) 

8.2.2. 
8.2.3. 
8.2.4. 
8.2.5. 

8.2.6. 
8.2.7. 
8.2.8. 
8.2.9. 

10" mtorr 
20 mtorr 

1,300 K 
554 m : l 

650 m 3 

6.3xlD 2 1 s - ' 
6 .8xl0 2 ° a"' 

250 m 3 / s 
Turbo-molecular 

16 
25 nv'/s 

8.3. Plasma-Fueling System 
8.3.1. Type 
8.3.2. Fuel composition 
8-3.3. Fueling rates 
8.3.4. Pellet diameter 
8.3.5. Pallet speed 
8.3.6. Pellet injection frequency 

Pellet 
H, D, T, DT 

2,645 kg/d 
4 - 6 mm 
1 - 5 km/s 

3 s- ' 
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8.4. Blanket Tritium-Processing and Recovery System 
8.4.1. Type 
8.4.2. Total tritium inventory 
8.4.3. Triiium handling rate 
8.4.4. Water processing rate 
8.4.5. Primary-coolant tritium concentration 
8.4.6. Blanket detritriation factor 

8.5. Fast-Wave Current-Drive System 
8.5.1. Type 

8.5.1.1. Structural material*'-') 
8.5.1.2. Number of modules 
8.5.1.3. Dimensions (w x h x d) 
8.5.1.4. First-wall perforation 
8.5.1.5. Power 

8.5.2. Transmission system 
8.5.2.1. Power (per coax) 
8.5.2.2. Efficiency 

8.5.3. Radio-frequency transmitter 
8.5.3.1. Power (per unit) 
8.5.3.2. Efficiency 

8.6. Auxiliary Plasma Heating*8' 
8.6.1. Type 
9.4.2. Frequency 

Purge gas recovery 
0.015 kg 
0.354 kg/d 
N/A 

MI Negligible 
N/A 

Folded waveguide 
Cu-coated SiC composite 

2 
3.8 x 0.6 x 0.8 m 

0.65 % 
22.0 MW/m ; 

Coax 
4.2 MW 
90 % 

Klystrode 
5 MW 

90 % 

ICRF 
140 - 170 MHz 

8.7. Energy Transfer and Storage System Not required 
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9. REACTOR COMPONENTS 

9.1. First Wall, Blanket, and Shield 
9.1.1. Structural material SiC composite 
9.1.2. Breeding material Lithium z; "•"onate 
9.1.3. Neutron multiplier material B: •r allium 
9.1.4. Tritium 

9.1.4.1. 
9.1.4.2. 

i breeding ratio (TBR) 
Beginning of life 
End of life 

1.20 
1.17 

9.1.5. Blanket ; energy multiplication 1.3 
9.1.6. Number of modules 16 
9.1.7. Weight 

9.1.7.1. 
of module 
First wall 

181.6 
0.8 

tonne 
tonne 

9.1.7.2. Inboard blanket 15.3 tonne 
9.1.7,3. Outboard blanket 67.1 tonne 
9.1.7.4. Inboard shield 15.2 tonne 
9.1.7-5. Outboard shield 82.7 tonne 
9,1.7.6. Divertor 0.5 tonne 

9.1.8. Largest single component Outboard shield sub-module 
9.1-8.1. Weight 41.4 tonne 
9.1.8.2. Dimensions (w x h x d) 4.3 x 4 x0 .8 m 

9.1.9. Lifetime*"' 6 y 

9.2. Divertor 
9.2,1. Type Double -null, high recycle 
9.2.2. Neutializer plate 9.2.2. Neutializer plate 

9.2.2.1. Armor Tungsten 
9.2.2.2. Coolant tube 
9.2.2.3. Coolant 

SiC composite 
Helium 

9.2.3. 
9.2.4. 

Weight of divertor (per module) 
Dimensions 

119 

9.2,4.1. Inboard toroidal length 1.05 
9.2.4.2. Outboard toroidal length 1.31 

9.2.5. 
9.2.4.3. Radial length 
Lifetime^ 

2,17 
2 

kg 

m 
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9.3. Magnets 
9.3.1. Poloidal-field coils 

9.3.1.1. Type Superconducting 
9.3.1.2. Number 12 
9.3.1-3. Conductor Nb 3(Sn-Ti) 
9.3.1.4. Structure Inccloy 908 
9.3.1.5. Insulator Organic 
9.3.1.6. Coolant Helium 
9.3.1.7. Operating temperature 4.4 K 
9.3,1.8. Maximum stress in coil 700 MPa 

9.3.2. Toroidal-field coils 
9.3.2.1. Type Superconducting 
9.3.2.2. Number 16 
9.3.2.3. Conductor Nb 3(Sn-Ti), NbTi 
9.3.2.4. Structure Incoloy 908 
9.3.2.5. Insulator Organic 
9.3.2.6. Coolant Helium 
9.3.2.7. Operating temperature 3 - 8 K 
9.3.2.8. Peak stress in coil 800 MPa 
9.3.2.9. Mean coil radius 7.15 m 

9.3.3. Maximum toroidal field 
9.3.3.1. At plasma axis l i .3 T 
9.3.3.2. At toroidal-field coil 21.0 T 

9.3.4. Total stored energy 
9.3.4.1. Poloidal-field system 13 GJ 
9.3.4.2. Toroidal-field system 125 GJ 

9.3.5. Largest single component TP coil 
9.3.5.1. Weight 190 tonne 
9-3.5.2. Dimensions (h x d) 1 x 8 m 
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10, ELECTRICAL P O W E R R E Q U I R E M E N T S 

10.1. Maximum Power from Grid for Cold-Plasma Start-up 200 MW 

r0.2. Auxiliary-Power Requirements (Normal Operation) 
10.2.1. Electrical energy storage 
10.2.2. Toroidal-field coils 
10.2.3. Divertor-field coils 
10.2.4. Current drive 
10.2.5. First-wall, blanket, shield, 

and divertor-plate coolant circulators 
10.2.6. Other auxiliary systems 
10.2.7. Total 

~o MW 
~ 0 MW 
141 MW 

54 MW 
52 MW 

247 MW 

11. B U I L D I N G S 

11.1. Reactor Hall 
11.1.1. Characteristic dimensions^' 

11.1.1.1. Outside diameter 
11.1.1.2. Height 

11.1.2. Enclosed volume 
11.1.3. Minimum wall thickness 
11.1.4. Internal pressure 
11.1.5. Containment atmosphere 

52 m 
35 m 

10' m 3 

1 m 
1 atm 

Air 

11.2. Turbine Building 
11.2.1. Characteristic dimensions 

11.2.1.1. Length 
11.2.1.2. Width 
11.2.1.3. Height 

11.2.2. Total enclosed voJume 

11.3. Reactor Service BuiH'?-,g 
11.3.1. Characteristic dimensions^ (w x h x d) 

100 m 
40 m 
33 m 

2.6 x lO 5 m :' 

15 x 30 x 2 5 m 
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12. R E A C T O R S A F E T Y A N D WASTE DISPOSAL 

12.1. Radioactive Material Storage for Life of P.'ant 
12.1.1. Total Class C 

12.1.1.1. Weight 4,924 tonne 
12.1.1.2. Volume 1,357 m 3 

12.2. Tritium Inventory 
12.2.1. First wall 6 g 
12.2.2. Blanket 

12.2.1.1 Beryllium 640 g 
12.2.1.2 Multiplier 1 g 

12.2.3. Divertor 10 g 

12.3. Peak Temperature During a Loss-of-Coolant Accident (LOCA)" 1 

12.3.1. First wall 1,053 K 
12.3.2. Divertor 1,293 K 

12.4. Off-Site Doses'"' at 1 km 
12.4.1. Zirconium'1') 91 rem 
12.4.2. Tungsten'"* 1J 2 rem 
12.4.3. Trit ium l : r ) 6.4 rem 
12.4.4. First wall and reflector 21 rem 
12.4.5. Total 130 rem 
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FOOTNOTES TO TABLE A . l 

(a) The reactor envelope is the cylinder that includes all of the poloidal-field coils. 

(b) The ARIES-I fusion power core comprises 16 self-supporting, identical modules. 
Each module includes portions of the first wall, blanket, shield, and vacuum vessel, 
and one TF coil. Reactor maintenance is based on replacing an entire module. 

(c) All plasma parameters are at steady-state burn except as noted. 

(d) Self-consistent plasma profiles are used for all plasma engineering analyses. The 
plasma profiles are: 

n{r) = n(edge) + n(0)[l-(r/rpy]an , 

T(r) = T ( 0 ) [ l - ( r / , p ) 2 ] " T , 

j(r) = j (0) [l - ( r / , p ) f j , 

with n{edge)jn = 0.7,a„ = 1.0, a r = l . l , and ay = 2. The density profile resembles 
a parabolic profile with a„ = 0.3 if the edge density is zero. 

(e) It is assumed that r p ~ 4re . 

(f) The engineering beta is defined as the ratio of the average plasma pressure to the 
•naximum field strength on the TF coils. 

(g) The current-drive system is used for auxiliary heating during start-up. 

(h) A 6% "hole" fraction is assumed. The power into the "hole" (pumping ducts, 
waveguides) are assumed to be absorbed by the first-wall system. 

(i) The term "SiC composite" denotes an SiC-fiber-reinforced SiC-matrix material. 
The fabrication method consists of two major steps: (1) A preform of the compo
nent is woven or braided from continuous SiC fibers using numerically controlled 
weaving machines. (2) The fiber preform is chemical-vapor infiltrated (CVI) with 
SiC matrix material. A major advantage of these ceramic-composite manufactur
ing techniques is that the result is a near-net-shape component that requires only 
minimal finishing touches. Furthermore, external features such as attachment holes 
and flanges can be integrated into the preform weaving process. 
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(j) The first-wall and blanket shells are in the form of tube-sheets. Each shell is woven 
as a complete unit by programming the weaving machine to serpentine SiC fibers 
from tube to tube. It should be noted that such a tube-sheet is structurally quite 
different from conventional metallic tube-sheets (during welding of metallic tube-
sheets, the microstructure of the tube wall in the vicinity of the weld changes, which 
may result in weak spots). 

(k) A 2-mm thick, 100%-dense SiC layer is chemical-vapor deposited (CVD) on the 
first-wall shell facing the plasma. This layer serves a double purpose: (1) It consti
tutes a sacrificial layer for erosion over the first-wall lifetime, and (2) it serves as 
a coolant leak barrier into the vacuum chamber. Among SiC ceiamics, CVD SiC 
has one of the lowest hydrogen-diffusion coefficients at elevated temperatures (in 
the fission industry, a CVD layer of SiC is used to contain gaseous fission products 
inside spherical fission-reactor fuel elements). 

(1) The breeder/multiplier mixture is 20% breeder (lithium zirconate) and 80% Be 
with a theoretical density of 90%. The sphere-pack pebbles have a binary mixture 
of spheres with diameters of 1 and 0.1 mm (a packing fraction of 80%). 

(in) The reflector material is Be in the front zone and SiC in the rear zone, both with 
a theoretical density of 90%. The sphere-pack pebbles have a binary mixture of 
spheres with diameters of 1 and 0.1 mm (a packing fraction of 80%). The rear zone 
of the reflector includes the coolant plena for the first wall and blanket. 

(n) The shield materials are high-density SiC and B.|C. The shield also incorporates 
multiple layers of aluminum sheets sandwiched between He-cooled SiC shells to 
provide passive stabilization against vertical motion of the plasma. There are 40 
layers of 1-rnm-thick aluminum sheets and 40 layers of 19-mm-thick SiC shells 
for an overall shield thickness of 0.8 m. AH of the aluminum sheets within a 
module are electrically connected together at the back of the shield. Neighboring 
shield modules are also electrically connected together with a detachable jumper to 
provide a complete toroidal circuit. Analysis shows that most of the electromagnetic 
forces generated by a plasma disruption appear on the aluminum sheets (since SiC 
composite is not electrically conducting) and, in effect, the aluminum shells shield 
the vacuum vessel from disruption forces. The disruption-induced electromagnetic 
forces generated in each of the aluminum sheets are restrained by the neighboring 
SiC shells. 

(o) Thermal power is recovered from the hot shield (see no. 4.4). 
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(p) The SiC displacement-damage energy was estimated to be 25 eV. Based on this dis
placement damage energy, a displacement-per-atom (dpa) rate of 11 per M W y / m 2 

was calculated. It has been suggested that radiation-damage-resistant metallic al
loys may survive a total of 200 dpa. Because there are no data for SiC composite, 
the same maximum dpa value of 200 is adopted for the ARIES-I first wall, resulting 
in a lifetime of ~18 MWy/m 2 . Then, in ARIES-I with a peak neutron wall loading 
of 4 M W / m 2 , the lifetime of the first wall would be 4.5 full power years (FPY) 
or 6 calendar years. More recent analytical damage calculations suggest that the 
damage energy for SiC could be as high %s 4 times the value used for ARIES-I. This 
would mean that the dpa rate would be lower by a factor of ~4 and the first-wall 
lifetime would be ~4 times longer. However, the predicted high resistance of SiC 
composite to displacement damage should be verified experimentally, 

(q) Because of extreme heat and particle fluxes on the divertoi plate, its lifetime 19 
assumed to be 2 FPY, considerably lower than its radiation-damage lifetime. 

(r) The reactor-halt building diameter is estimated at twice the reactor envelope diam
eter and its height is based on the vertical-lift maintenance scheme, which requires 
a clearance of at least 12 m. 

(s) Because the fusion power core is modular, the service building for the reactor can 
be small. 

(t) At the onset of a LOCA, the plasma is assumed to be quenched with a 10-s power 
ramp-down. 

(u) Off-site dose is calculated based on the radioactive inventory at the end of life for 
all components and using the following conditions: distance from release point is 
1 km, CLASS-F stability, wind speed is 1 m/s , release duration is 3 m, Gaussian 
plume dimensions are crv = 100 m and az = 50 m. 

(v) The zirconium is tailored to the following isotopic mixture: 9 u Zr (0.057%), 9 l Z r 
(0.013%), 9 2 Zr (99.908%), 9 4 Z r (0.019%), 9 6 Zr (0.003%). The cost of tailoring Zr 
is S2097/kg using the ALVIS (atomic-vapor laser-isotope separation) technique at 
$50/swu (standard weight units). 

(w) The 2-mm-thick tungsten layer of the divertor plate is tailored to the folio—ing 
isotopic mixture: l 8 u W (0.02%), l 8 2 W (3.23%), 1 8 ; , W (90.00%), " "W (3.76%), l 8 6 W 
(3.51%). 

(x) Assuming release of all of tritium inventory in the FPC. 
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A,2. SYSTEMS-CODE PARAMETERS OF ARIES-I 

plasma E/S parameters 
plasma aspect ratio, A 4.500 
minor plasma radius, ap(xp) (m) 1.500 
minor plasma radius, ap(95) (m) 1.450 
plasma vertical elongation, b/a(95) 1.600 
plasma vertical elongation, b/a(xp) 1.800 
plasma triangularity, d(95) 0.468 
plasma triangularity, d(xp) 0.702 
(plasma perimeter)/(circular perimeter at ap)-S(95) 1.334 
(plasma perimeter)/(circular perimeter at ap)-S(xp) 1.453 
scaling coefficient in q-l equation, Cq 1.099 
Troyon beta scaling coefficient 0.032 
pcloidal beta (incl. fus. prods, and imps. , Zeff>1.0) 2.813 
poloidal beta (only fuel ions and electrons, Zeff-1.0) 2.295 
Shafranov peak poloidal beta 6.939 
poloidal-beta/aspect 0.625 
toroidal beta 0.019 
pinch parameter, theta 0.114 
reversal parameter, F 1.012 
major toroidal radius, Rt (m) 6.750 
circularized plasma radius, rp (m) 1.951 
major toroidal radius of plasma centroid(95) (m) 6.586 
major toroidal radius of plasma centroid(xp) (m) 6.505 
plasma volume(95) (nT3) 425.846 
plasma volume(xp) (m*3) 488.627 
radial profile exponent for density , alpha(n) 1.000 
radial profile exponent for temperature , alpha(T) 1.100 
radial profile exponent for pressure, alpha(p) 2.100 
radial profile exponent for current density, alpha(j) 2.005 
peak/average ratio for current density 3.005 
peak/average ratio for density 1.300 
ratio of separatrix density to average plasma density 0.700 
peak/average ratio for temp.[dens.-weight.-vol.-avg.] 1.898 
peak/average ratio for temp.[vol. avg.] 2.100 
plasma ion temperature [volume-averaged] (keV) 18.076 
plasma electron temperature [volume-averaged] (keV) 17.443 
on-axis safety factor, q(axis) 1.300 
edge safety factor, q 4,750 
edge safety factor, of*) 3.906 
edge safety factor, q(bar) 4.404 
on-axis toroidal field (T) 11.325 
plasma current, I (HA) 10.199 
plasma bootstrap-current contribution (MA) 6.935 
bootstrap-current fraction 0.680 
bootstrap-current fraction from Harvey model 0.693 
bootstrap-current fraction from ANL model 0.900 
toroidal current density, j (MA/m"2) 0.853 
plasma self inductance (H) 1.260e-05 
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plasma power/transport/CD parameters 

449 
859 
907 
653 
900 
943 
347 
531 
000 

plasma ion temp. [dens.-weight,-vol.-avg.] (keV) 20.000 
plasma electron temp. [dens.-weight.-vol.-avg.] (keV) 19.300 
plasma fus. prod, temperature (keV) 89.043 
plasma impurity temperature (keV) 20.000 
plasma (total) ion density (10*20/m*3) 1.235 
ion [p,D,l,He3,He4,lmp.(Z» 8.0)] density fractions: 

0.00040 0.44350 0.44350 0.00260 0.10000 0.01000 
plasma electron density (10*20/m~3) 1, 
Murakami-Hugill electron density limit '. 10*20/10*3) 0 
Greenwald electron density limit (10*20/m*3) 0 
effective plasma charge, Zeff 1 
ideal Lawson parameter (10*20 s/m*3) 2 
KAW Lawson parameter (10*20 s/m*3) 2. 

energy confinement time (s) 2. 
energy confinement time (s) 2. 
ratio of particle-to-energy confinement times 4. 
thermal diffusivity (m"2/s) 0.180 
Kaye-Goldston-confinement multiplier, HI 
KG-confinement multiplier, H2 (quadratic with NA) 
Goldston-confinement multiplier, H3 
G-confinement multiplier, H4 (quadratic with NA) 
Odajima-Shimomura-confinement multiplier, H5 
Rebut-Lallia-confinement multiplier, H6 
Kaye-(All)-confinement multiplier, H7 
Kaye-(Big)-confinement multiplier, Hft 
Eiedel-Kaye-confinement multiplier, H9 
ITER-89P -confinement multiplier. Ha 
ITER-890L-confinement multiplier, Hb 
fusion power density (MM/mA3) 
fusion power, Pf (KW) 
alpha power (HW) 
scrape-off thickness (m) 
plasma/first-wa.11 radius ratio, x 
first-wall surface area (m*2) 
first-wall hole fraction 
diamagnetic electron cyclotron frequency (GHz) 
effective FW(2.50e-03) & dev.(f=0.2C) resistivity (ohm-m) 
effective FW synchrotron reflectivity [MJS] 
effective FW synchrotron reflectivity [KAW] 
synchrotron radiation power loss (FW holes) (HW) 
synchrotron radiation power loss (FW surf.) (MW) 
synchrotron radiation power loss (total) 
bremsstrahlung power loss (HW) 
transport (conduction) power, Pcond (MW) 
plasma internal energy, Wp (MJ) 
radiation fraction, frad (bremsstrahlung+synchrotron) 
radiation fraction, frad (core) 
plasma ohmic dissipation during burn (MW) 
plasma loop voltage (V) 
current-drive efficiency factor, gamma(NBl) 
current-drive efficiency factor, gamma(NBl) 
current-drive efficiency factor, garama(ICRF) 
current-drive efficiency factor, gamma(FW) 
synchrotron current-drive efficiency factor, gamma(SYN) 
neutral-beam energy (keV) 3506.773 
NBI attenuation length (m) [edge/centerline (tangent)] 4.743 

186 
178 
241 
233 
603 
776 
279 
333 
340 

2.588 
2.592 
3.940 

1925.425 
384.852 
0.100 
0.938 

619.436 
0.060 

1974.014 
1.97e-03 
-0.100 
0.463 

16.784 
177.953 
194.737 
45.190 

244.354 
618.460 
0.495 
0.500 
0.854 
0.084 
0.317 
0.544 
0.328 
0.295 
0.145 
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toroidal field Quantities 

number of TF coils 
bucking cylinder thickness (m) 
bucking cylinder stress (MPa) 
mass of bucking cylinder (tonne) 
major radius of TF-coil inboard leg 
major radius of TF-coil outboard leg 
TF-coil circumference (ra) 
TF-coil enclosed volume (nT3) 
D-coil maximum half-height to centerline (m) 
outboard/inboard TF coil thickness ratio, fcoil 
outboard/inboard TF coil thickness ratio, fcoilt 
major radius of TF-coil inboard-leg inside face (m) 
width of TF-coil inside face (m) 
coil stress (MPa) 
(input) yield stress in coil stabilizer (MPa) 
(input) allowable stress in coil structure (MPa) 
coil thickness (m) 
coil homogenized mass density (kg/m"3) 
mass of TF coil set (tonne) 
on-axis toroidal field (T) 
magnetic field at the coil (T) 
TF ripple [(Bmax-Bmin)/Bavgj (on-axis) (%) 
TF '"ipple [ (Bmax-Bmin)/Bavgj (outboard) (%) 
TF ripple [(Bmax-Bmin)/Bavgj (inboard TF Coil) (%) 
stored TF magnetic energy (GJ) [soell] 
stored TF magnetic energy (GJ) [Turner & Abdou) 
TF-coil current (MA) 
TF coil current density (MA/m"2) 
inboard TF-coil ohmic dissipation (MW) 
outboard TF-coil ohmic dissipation (MW) 
ohmic dissipation during burn (MW) 
volumetric heating during burn (MW/m"3) 

16 
0.728 

1000.000 
507.751 
3.390 

10.559 
27.889 

2148.484 
4. 
1. 
2. 
3. 
1. 

1270.894 
800.000 
1000.000 

0.637 
7500.000 
2931.660 
11.325 
21.020 
0. 
1. 
0. 

.989 

.000 

.271 

.637 

.447 

.122 

.111 

.004 
132.061 
87.287 
23.889 
28.411 
0.000 
&.000 
0.000 
0.000 

poloidal field quantities 
OH solenoid bore (m) 
OH solenoid height (m) 
coil thickness (m) 
magnetic field at the OH solenoid (T) 
coil stress (MPa) 
average minor radius of coil (m) 
OH coil current density (MA/nT2) 
coil homogenized mass density (kg/m"3) 
mass of OH coil set (tonne) 
mass of EF coil set (tonne) 
magnetic field at the plasma surface (T) 
magnetic field at the coil (T) 
vertical field (T) 
EF coil current (MA) 
EF coil current density (MA/m"2) 
stored PF magnetic energy (GJ) 
ohmic dissipation during burn (MW) 
volumetric heating during burn (MW/m*3) 
Ref,zef,delef (m) - 1.0581e+01 
(PF-coil mass)/(total coil mass) 

1.3858e+00 4.1734e-01 

2.272 
5.400 
0.001 
0.410 

241.293 
2.272 

518.556 
7500.000 

0.364 
1503.422 

0.936 
8.536 
0.785 
9.750 
27.990 
6.588 
0.000 
0.000 

0.383 
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divertor field quantities 

DF~coil current (MA) 45,696 
DF coil current density (MA/m"2) 27.990 
mass of DF coil set (tonne) 3j.-i.950 
ohmic dissipation during burn (MW) 0.000 

impurity control 
divertor option nodiv-1: poloidal magnetic divertor 
first-wall surface area (m*2) 619.436 
total divertor plate surface area (nT2) N- 2 123.887 
tW/divertor ave. surface heat flux (KW/mA2) 0.391 1.955 
radiation fraction, frad (bremsstrahlung+synchrotron) 0.495 
radiation fraction, frad (core) 0.500 
scrape-off thickness (m) 0.100 
flux expansion factor, fx 2.000 
scrape-off power-flow scale length (mm) (High-recycle) 25.137 
scrape-off power-flow scale length (mm) (Low -recycle) 16.164 
watershed-to-null-point connection length (m) 65.473 
null-point-to-divertor-plate connection length (m) 11.250 
divertor-plate-to-mag.-surface inclination angle (deg) 10.000 
divertor/scrape-off area ratio for power flow, omega 1.600 
sheath power-flow transmission coefficient, gamma 7.200 
scrape-off cross-field thermal diffusivity (mA2/s) 4.000 
divertor-plate peak surface heat flux (MW/m"2) 3.882 
divertor-plate plasma temperature (eV) 23.857 
ratio of separatrix density to average plasma density 0.700 
upstream (separatrix) plasma density (1.0e20/m"3) 0.865 
vacuum system pumping speed (m"3/c) 52.038 

plasma startup 
plasma startup risetime (s) 30.000 
inductive flux-swing startup requirement (Vs) 128.469 
resistive flux-swing startup requirement (Vs) 4.325 

total flux-swing startup requirement (Vs) 6.640 
CD flux-swing startup contribution (vs) 126.154 

fraction of total Vs supplied by CD-assisted startup 0.950 

http://3j.-i.950
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power-balance summary 
thermal conversion efficiency (blanket) 0.490 
thermal conversion efficiency (divertor) 0.490 
thermal conversion efficiency (composite) 0.490 
auxiliary site power fraction of Pg, faux 0.040 
primary loop pumping power fraction of Pg, fpmp O.OBO 
engineering q-value, QE 5.058 
recirculating power fraction, eps-l/QE 0.198 
net plant efficiency 0.393 
plasma q-value, Qp 19.910 
CD/heater system efficiency 0.725 
CD/heater power [NB] (MW) 0.000 
CD/heater power [rfj (MW) 96.707 
CD/heater power (MW) 96.707 
current-drive efficiency (A/W) 0.034 
current-drive efficiency factor, gairana (10*20 A/m*2 W) 0.330 
fusion power, Pf (MW) 1925.425 
neutron power (MW) 1538.704 
fraction of fusion power in neutron channel 0.799 
neutron source density (neutrons/s m"3) 1.402e+18 
fusion power in charged particles, Pep (MWt) 386.721 
fraction of Pcp+Pcd to direct conversion 0.000 
direct-conversion system efficiency, etadec 0.000 
direct-conversion electric power, Pdc (MWe) 0.000 
total useful thermal power, P(TH) (MW) 2543.716 
gross electrical output power, P(ET) 1246.421 
net electrical output power, P(E) 1000.000 
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engineering summary 
tritium burnup (kg/day) 0.295 
fractional burnup 0,193 
tritium thru-put {no recycle) (kg/day) 1.533 
blanket breeder material 6Li enrichment 0.800 
first-wall surface area (m"2) 619.436 
14.06-MeV neutron load, Iw (MW/m"2) 2.482 
14.06-MeV neutcon energy multiplication in blanket, M 1.300 
2.45-Mev neutron load (MW/m 2) 0.002 
2.45-MeV neutron energy multiplication in blanket, M 4.200 

blanket volume (m"3) 508.070 
reflector volume (m^) 0.000 
EF-coil shield volume {m"3) 0.000 
inboard shield volume (mA3) 99.089 
outboard shield volume (m~3) 468.346 
divertor shield volume (m*3) 117.086 
shield volume (m"3) 684.522 
TF-coil volume (m~3) 390.888 
OH-coil volume (m~3) 0.048 
EF-coil volume (m"3) 200.456 
DF-coil volume (nT3) 41.727 
mass of FW/SW/blanket (tonne) 1130.422 
mass of reflector (tonne) 0.000 
mass of TFC shield (tonne) 1822.659 
mass of EFC shield (tonne) 0.000 
mass of TF coil set (tonne) 2931.660 
mass of OH coil set (tonne) 0.364 
masf of EF coil set (tonne) 1503.422 
mass of DF coil set (tonne) 312.950 
total coil-set mass (tonne) 4748.395 
mass of FPC structure (tonne) 1899.358 
FPC (FW/SW/B/R/S/C) mass (tonne) 10097.635 
fusion-power-core mass utilization, H/Pth (tonne/MWt) 3.970 
FPC mass power density, MPD (kWe/tonne) 99.033 
system power density (uw/m"3) 0.998 
blanket power density (MW/mA3) 5.007 
magnetic energy recovery time (s) 54.506 
intra-TF-coil outboard equat.-plane horiz. opening (m) 2.459 
intra-TF-coil outboard equ^t.-plane transparency 0.614 
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****** RADIAL BUILD (TETRA format) ******** 

Device Centerline 
Bore 
OH Solenoid 
Gap 
Bucking Cylinder 
TF Coil 
Cryostat 
Gap 
Shield - inboard 
Gap 
Inboard Blanket 
Gap 
First Wall - inboard 
Scrape Off 
Plasma C/L 
Plasma Edge 
Scrape Off 
First Wall - outboard 
Gap 
Outboard Blanket 
Gap 
Shield - outboard 
Lead 
Gap 
Cryostat 
TF Coil 
Cryostat 

Thickness Radius 
<m> <m) 
0.0 0.000 

2.272 2.272 
0.001 2.27?. 
0.000 2.272 
0.72B 3.000 
0.70B 3.708 
0.050 3.758 
0.000 3.758 
0.710 4.468 
0.000 4.468 
0,670 5.138 
0.000 5.138 
0.012 5.150 
0.100 5.250 
1.500 6.750 
1.500 8,250 
0.100 8.350 
0.012 8.362 
0.000 8.362 
0.970 9.332 
0.000 9.332 
0.B10 10.142 
0.000 10.142 
0.049 10.191 
0.050 10.241 
0.637 10.878 
0.050 10.928 

****** i/ERTICAL BUILD ********************** 

elongated plasma, b/a - 1.800 
impurity control/blanket 
outboard-shieId/gap 
Cryostat 
TF coil, R - 6.172 
Cryostat 

Increment Height 
(m) (m) 
2.700 2.700 
0.970 3.670 
0.950 4.620 
0.050 4.670 
0.637 5.307 
0.050 5.357 
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'PC components: volume 
frac. 

density 
(kg/m-3) 

frac. 
density 

cost 
(1980) 
<$/kg) 

thick, 
(m) 

SiC 
Void 
Void 
Void 
Void 

0.667 
0.333 
0.000 
0.000 
0.000 

3200.000 
0.000 
0.000 
0.000 
0.000 

1.000 
1.000 
1.000 
1.000 
1.000 

280.900 
0.000 
0.000 
0.000 
0.000 

Total FW 2134.400 280.900 0.012 
0.012 

SiC 
Li2Zr03 
Be 
SiC 
Void 

0.190 
0.042 
0.272 
0.336 
0.160 

3200.000 
4150.000 
1850.000 
3200.000 

0.000 

1.000 
0.720 
0.720 
1.000 
1.000 

280.900 
106.333 
372.600 
35.100 
0.000 

Total BL(it>) 2171.000 164.378 0.670 
SiC 
Li2Zr03 
Be 
SiC 
Void 

0.363 
0.029 
0.188 
0.232 
0.188 

3200.000 
4150.000 
1850.000 
3200.000 

0.000 

1.000 
0.720 
0.720 
1.000 
1.000 

280.900 
106.333 
372.600 
35.100 
0.000 

Total BL(ob) 2241.068 202.970 0.970 
SiC 
B4C 
Al 
Void 
Void 

0.596 
0.256 
0.014 
0.134 
0.000 

3200.000 
2500.000 
2700.000 

0.000 
0.000 

0.950 
0.950 
1.000 
1.000 
1.000 

35.100 
14.900 
10.000 
0.000 
0.000 

Total SH(ib) 2457.640 29.717 0.710 
SiC 
B4C 
Al 
Void 
Void 

0.657 
0.280 
0.013 
0.050 
0,000 

3200.000 
2500.000 
2700.000 

0.000 
0.000 

0.950 
0.950 
1.000 
1.000 
1.000 

35.100 
14.900 
10.000 
0.000 
0.000 

Total SH(ob) 2697.380 
Blanket breeder material 6Li enrichment 

TF-coil 
OH-coil 
EF-coil 
DF-Coil 

7500.000 
7500.000 
7500.000 
7500.000 

29.793 
0.800 

63.000 
56.000 
50.000 
50.000 

C.810 

rf current-drive unit cost ($/W) 0.755 
NOTE: unit-cost<1980) x 1.4238 = unit-cost(1988) 



ace , 
20 . 

22. 
22. . a. 22. . 2 . 
22 . . 3. 
22. L. 4. 
22. L. 5. 
22. . 6. 
22. 1. 7. 
22. . 6. 
22. . 9. 
22. L.10. 
22. 
22. t. 

23. 

24 . 

25. 

26. 

90. 

91 . 

92. 

93 . 

94. 

96. 

97. 

99. 

account title 
land i, land rights 
structures & site facilities 
reactor plant equipment 

FW/SW/blanket/reflector 
shield 
magnets 
supplemental-heating/CD systems 
primary structure & support 
reactor vacuus systems [ unlets5 integral elsewhere ) 
power supply, switching t> energy storage 
impurity control 
di roct energy conversion system 
ecrh breakdo-wn system 

reactor equipment 
main heat transfer t transport systems 

turbine plant equipment 
electric plant equipment 
miscellaneous plant equipment 
special materials 

direct cost (not incl. spares and contingency) 
construction services £ equipment 
home office •ngj.neerj.nq fc services 

field office engineering & service? 
owner 's cost 
project contingency 
interest during construction (IDC) 

total cost 

thermal power <MWth) = 2543.72 
gross electric power (MWe ) = 1246.42 
net electric power (HWe) = 1000.DO 
I/recirculating power fraction Qt= S.OSfi 
plant availability factor = 0-759 
constructions 6 yr: constant then-current 

FCR= 0.0966 0 .1638 
tIDC= 0.1652 0.2630 
f£DC» O.O00O 0.2335 

unit direct cost {$/kWel 
unit base cost ($/kwe) 
unit total cost ($/hWe) 

capital return (aill/kWeh) 
OfcWl.43%) (mill/kWeh) (40-47 
W/B/R replace. (aill/kWeh) 
de^oaissioning allowance 
D <0 & 3He) fuel (eill/kWeh) 
COE (aill/kweh) 

•Billion dollars 11988) 

5.281 

339.280 

1362.833 
250.333 
77 .323 > 392.309 > 

103.919 i>> 63.572 • 32.231 O 51.257 O 
7.850 O 0 .000 en 23.023 H 1011.817 H 

229.683 Cft 
245.262 

Ulv 

137.051 i* . 

50.474 
> 

0.566 3 2140 .746 *< 
214 

214 

.075 

.075 

O
F 

A
R

I 

214 .075 

O
F 

A
R

I 107 .037 

O
F 

A
R

I 

H 214 .075 
1—1 

512 .794 
Pi 3616 .876 Pi 

constant thon- current > (901= 2140 .75 2140 -.5 > 

| 94]- 3104 .08 3104 OS 

TO
R

 (99]= 3616 .89 4645 22 

TO
R

 

52.56 114.45 
,51J= 6.67 8.94 
(50|= 5.58 7.47 

0.50 1.00 
[02|= 0.04 0.04 

65.34 131.91 

Cd 

I 



account tit la 
la (id & privilege acqui&it ioji 

relocation o£ buildings, utilities, high-ways, 
and & land rights 

general yard improvements 
waterfront iaprovements 
transportation access (off site) 

site improvejnents & facilities 
basic building structures 
building services 
containment structures 
architectural 

reactor building 
basic building structures 
building services 
arehi fcectural 

turbine building 
intake structures 
discharge structures 
unpressurized intake <* discharge conduits 
recirculating structures 
cooling tower systems 

cooling systw structures 
basic building structures 
building services 
architectural 

power supply s energy storage building 
reactor auxiliaries building(ind- switchge 
hot cell building 
fuel storage building 
control room building 
diesel generator building 
administration building 
service building 
cryogenics building 
miscellaneous structures & building work 

miscellaneous buildings 
ventilation stack 
space parts a H o wane e 
contingency allowance 
tructures 6 site facilities 

nilla on dollars (1908) 

16 060 

33 890 
2 Sdft 

42 714 
10 678 

140 130 

•12 714 
2 848 
2 136 

47 697 

o o 
v, 
H 
en 
<3 
a 
> 
S3 •< 
o 
> 
S3 

to 

W 
:> o 

11.433 
0.755 
0.854 

13.042 
4.642 

76.826 
12.287 

4 . 4 1 4 
2 . 9 1 9 
1 . 2 3 9 
2 . 6 7 7 
1 . 2 S 6 
2 . 6 2 0 

1 0 8 . 9 2 1 

2 . 5 7 7 

09 

3 3 9 . 2 8 0 



account title million dollars <L988> •J* 
C 3 

1. brooding Material<incl. tritium breeding) 7.238 £* 
2. first w a l l ! structural material 213.8 51 
3. attenuators, reflectors, £ aultipliers 
4. wall modifierslcoatings, 1iners, liiaiters, etc.) 39.245 
5 . reflector 0.000 
6. other 

FW/SW/blanket/reflector 260 .333 
1. primary 77.323 
2, secondary 0.000 

shield 77.323 
1. toroidal field coils 262.999 
2. ohole-heating coils 0.029 
3. equilibrium field coils 106.999 
4. divertor field coils 22.282 
5. other coils 

magnets 392 . 309 
1. bean heating(neutral, ion or electron) 0.000 
2. rf heating 103.919 
3 . laser heating 
A . other heating systems 

supplemental-heating/CD systems 103 . 919 
1. reactor structure 
2. equipment support structure 

primary structure k support 63.572 
1. plasma chamber vacuum|incl. pumps/coap./pipe) 6.219 
2. magnet dewor vacuuilincl, pumps/camp./pipe) 
3- suppl. heating v*cuum(incl. puaps/coap./pipe) 
4. direct convector vacuum(incl. pumps/coup./pipe} 
5. reactor vacuum systemflow grade) 
6- reactor vacuum wall 
7. reactor vacuum tank/enclosure 26.013 

reactor vacuum systems(unless integral elsewhere) 32.232 
1. EF-coil power supplies 0.000 
2. OH—coil power supplies 
3. TF-coil power supplies 
4 . DP-coil power supplies 
5. othe r power supplies 1.42-3 
6. current drive power supplies 0.000 
7. control system 
a . central energy storage 
9. other incl. busbars 49.833 

power supply, switching t energy storage 51.257 
impurity control 7-850 

1, vacuum tank 
2 . direct converter modules 
3 * thermal panels 
4. power conditioning equipment ^ 

direct energy conversion systesi Q .000 tq 
ecrh breakdown system 23-033 ^ 

reactor equipment 1011-817 £j 



22. 2. 1 1 
22 . 2 . 1 2 
22. 2. 1 3 
22. 2. 1 4 
22. 2. 1 5 
22. 2. 1 6 
22. 2. 1 7 
22 . 2. 1 9 
22 . 2. 1 9 
22 . 2. 1 
22 . 2. 2 1 
22. 2. 2 2 
22. 2. 2 3 
22. 2. 2 4 
22. 2 . 2 5 
22 . 2. 2 6 
22. 2. 2 7 
22. 2. 2 8 
22. 2. 2 9 
22. 2. 2 
22 . 2. 3 1 
22. 2. 3 2 
22. 2. 3 3 
22. 2. 3 4 
22. 2. 3 5 
22. 2. 3 6 
22 . 2. 3 7 
22 . 2. 3 8 
22 . 2. 3 9 
22. 2. 3 
22. 2. 

22 . 3. 1. 
22 . 3. 2 
22 . 3. 3 
22 . 3. 4 
22. 3. 5 
22. 3 . 
22. 3. 1 
22. 3. 2 
22. 3. 3 
22 . 1. 2 4 
22. 3. 2 5 
22. 3. 2 

account tit 1© 
pumps L notor drives{modular i> nonmodular) 
piping 
h«at exchangers 
tanks(dump,make-up,clean-up,trit.,hot storage ) 
clean-up system 
the m a 1 insulation., piping t equipment 
t ritium extraction 
pressurizer 
other 

primary coolant system 
pumps & notor drive51 modular £ nonmodular) 
piping 
heat exchangers 
tanks(dump,make-up,clean—up,trit.,hot storage) 
clsan-up system 
thermal insulation, piping & equipment 
tritiun extraction 
pressuri2«r 
other 

intermediate coolant system 
pumps t actor drives(modular & nonmodular) 
piping 
heat exchangers 
tanks\du»p,nak&-up,clean-up,trit.,hot storage) 
clean-up system 
thermal insulationt piping 6 equipment tritium extraction 
pressurizor 
othflr 

secondary coolant system 
main heat transfor & transport systems 

te£rigeration 
piping 
fluid circulation driving system 
tanks 
purification 

magnet cooling system 
refrigeration 
piping 
fluid circulation driving system 
tanks 
purification 

shield fa strucvure cooling system 

million dollars (1986) 

1 5 1 . 9 1 9 

0 . 0 0 8 
2 2 9 . 6 8 

0.00O 

O 
o 

to 

o 

1 

to 

2 .427 

to 
en 



ace. no. account title 

refnge r at ion 
piping 
fluid circulation driving system 
t auks 
pm if i ca t ion 

supplemental heating system cooling system 
ref r i g e r a t i o n 
p i p i n g 
fluid circulation driving system 
tanks 
purification 

power supply cooling system 
other cooling ays tons (ECCS) 

auxiliary cooling systems 

liquid waste processing t equipment 
gaseous wastes & off-gas processing system 
solid waste processing equipment 

radioactive waste treatment & disposal 

fuel injection systems 
fuel processing systems 
fuel storage 
atmospheric tritium recovery 
water tritium recovery systems 
blanket tritium recovery systems 
other 

fuel handling & storage systems 

blanket & coil maintenance equipment 
components rotated into service to allow ma 
other maintenance equipment 

maintenance equipment 
special heating systems(start-up,trace, etc.) 
coolant receiving, storage & make-up systems 
gas systems 
building vacuum systems 

other reactor plant equipment 

reactor isc equip,(burn control, diagnostics, 
radiation monitoring systems 
isolated indicating 6 recording gauges, etc. 

instrumentation & control(itc) 

spate parts allowance 
contingency allowance 

reactor plant equipment 

22. 3 . 3. 1 
22. 3. 3. 2 
22. 3 . 3. 3 
22. 3 . 3. 4 
22. 3. 3. 5 
22. 3. 3. 
22. 3 . t . X 
22. 3 . i . 2 
22. 3 . 1 . 3 
22. 3 . i . 4 
22. 3 . i . 5 
22. 3. i . 
22 . 3. 5. 
22. 3 . 

22 . 4 . 1 . 
22 . 4 . 2. 
22 . 4. 3. 
22 . 4 . 

22 . 5. 1. 
22. 5. 2. 
22. 5. 3. 
22. 5. 4 . 
22. 5. 5. 
22. 5. 6. 
22. 5. 1. 
22. 5. 

22. 6. 1. 1 
22. 5. 1. 2 
22. 5. 1. 3 
22. 5. 1. 
22. 6. ;. 22. f . 3 . 
22. i . 4. 
22. 6. 5. 
22. 6. 

22. 7. 1. 
22. 7. 2. 
22. 7. 3 . 
22. 7. 

22 . 98 . 
22 . 99 . 

million dollars <198 
09 
05 

10. ,562 
12. .759 
S. .281 
2 .434 
5 . 201 
5 .281 

41.5»7 

39.626 

It* 
• a "a 
P3 
5! O 



2 3 . 1 
2 3 . 2 
2 3 . 3 
2 3 . 4 
2 3 . 5 
2 3 . e 
2 3 . 7 
2 3 . 8 

account title 
turbine-generators & accessoaea 
foundations 
standby exciters 
lubricating systea 
gas systeas 
leheaters 
shielding 
weather-proof housing 

23. 1, turbine-generators 
23. 2. nain steam (or other fluid) system 

uator intake comnon facilities 
circulating water systems 
cooling towers 
other systems which Cfrject heat to the atmosphere 

heat rejection systems 
condense rs 
condensate system 
gas removal systea 
turbine by-pass systems(excl. piping] 

condensing eysteas 
regenerators 4 recuporators 
pumps 
tanks 

feed heating syst«n 
turbine auxiliaries 
auxiliaries cooling systemiexel. piping) 
make-up treat. £ystem(excl. piping) 
chomical treat, t condensate purification systems 
central lubrication service system(axel. piping) 

other turbino plant equipment 
23. 1. instrumentation t conttoUi&c> equipment 
23.98. spare parts allowance 
23.99. contingency allowance 

2 3 . 3 . 1 
2 3 . 3 . 2 
2 3 . 3 . 3 
2 3 . 3 . 4 
2 3 . 3 . 

2 3 . i . 1 
2 3 . 4 . 2 
2 3 . i . 3 
2 3 . 4 . 4 
2 3 . 4 . 

2 3 . 5 . 1 
2 3 . 5 . 2 
2 3 . 5 . 3 
2 3 . 5 . 

2 3 . 6 . 1 
2 3 . 6 . 2 
2 3 . 6 . 3 
2 3 . 6 . 4 
2 3 . 6 . 5 
2 3 . S. 

2 3 . t u r b i n e p l a n t a g u i p n a n t 

t i l l i o n d o l l a r s ( 1 9 8 8 ) 

9 9 . 5 1 7 

6 . 0 7 8 

H 

1 
to 

O 
**! 

6 6 . 4 5 9 

1 1 . 8 6 5 

P3 

to 

8 

SO 



ace. no. 
2 4 . 1 . t 
2 4 . 1 . 2 
2 4 . 1 . 

2 4 . 2 . 1 
2 4 . 2 . 2 
2 4 . 2 . 3 
2 4 . 2 . 4 
2 4 . 2 . 5 
2 4 . 2 . £ 
2 4 . 2 . 

2 4 . ] . 1 
2 4 . 3 . 2 
2 4 . 3 . 

2 4 . 4 . 1 
2 4 . 4 . 

2 4 . 5 . 1 
2 4 . 5 . 2 
2 4 . 5 . 3 
2 4 . 5 . 4 
2 4 . 5 . 

2 4 . «. I 
2 4 . 6 . 2 
2 4 . 6 . 3 
2 4 . 6 . 4 
2 4 . 6 . 5 
2 4 . 6 . 

24 . 7 . 1 
2 4 . 7 . 2 
2 4 . 7 . 3 
2 4 . 7 . 4 
2 4 . 7 . S 
2 4 . 7 . 6 
2 4 . 7 . 1 
2 4 . 7 . 

24 . 9 8 . 
24 . 9 9 . 

account title 
generator circuits 
station service 

switchgear 
station service & startup transformers 
low voltage unit substation fc lighting transformer 
battery system 
diesel engine generators 
gas turbine generators 
motor generator sets 

station service equipment 
main control board for electric system 
auxiliary power & signal boards 

switchboards (incl. heat tracing) 
gen. station grounding sys. ft cathodic protection 

protective equipment 
concrete cable tunnels, t recches t> envelopes 
cable trays fc support 
conduit 
other structures 

electrical structures {• wiring containers 
generator circuits wiring 
station service power wiring 
control wiring 
instrument wiring 
containment penetrations 

power & control wiring 
reactor building lighting 
turbine building lighting 
reactor auxiliaries building lighting 
radioactive waste building lighting 
fuel storage building lighting 
miscellaneous buildings lighting 
yard lighting 

electrical lighting 
spate parts allowance 
contingency allowance 

electric plant equipment 

million dollars (198B) 

25 .192 

48.76S 

11.675 

13*7.051 

<3 



account title 
cranes, hoists, monorails, & conveyors 
railway 
roadway equipment 
watercraft 
vehicle nintonance equipment 

transportation L lifting equipDent 
air systems{excl. piping) 
water systems(excl. piping ) 
auxiliary heating boilers(excl . piping) 

air k water service systems 
local communications systems 
s ignal systems 

communications equipment 
safety equipment 
shop, laboratory, & test equipment 
office equipment t furnishings 
change room equipment 
environmental monitoring equipment 
dining facilities 

furnishings fc fixtures 
spare parts allowance 
contingency allowance 

tiscellaneous plant equipment 

26. 1. reactor coolant 
i n t e r n e d i a t e c o o l a n t 

turbine cycle working fluids 
other materials 
Ar reactor-building cover gas 
spare parts allowance 
contingency allowance 

special materials 

ace. no 

2 5 . 1 . 1 
2 5 . 1 . 2 
2 5 . 1 . 3 
2 5 . 1 . 4 
2 5 . 1 . 5 
2 5 . 1 . 

2 5 . 2 . 1 
2 5 . 2 . 2 
2 5 . 2. 3 
2 5 . 2 . 

2 5 . 3 . 1 
2 5 . 3 . 2 
2 5 . 3 . 

2 5 . 4 . 1 
2 5 . 4 . 2 
2 5 . 4 . 3 
2 5 . 4 . 4 
2 5 . 4 . 5 
2 5 . 4 . 6 
2 5 . 4 . 

2 5 . 9B . 
2 5 . 9 9 . 

2 6 . . 2 . 

2 6 , . 3 . 

2 6 . . 4 . 

2 6 . . 5 . 

2 6 . . 9 i . 
2 6 . . 9 9 . 

million dollars (19&8) 

2 2 . 3 2 5 

1 7 . 5 8 4 

8 . 8 5 6 

1 . 1 0 9 

5 0 . 4 7 4 

0 . 0 0 0 

0 . 3 5 6 

0 . 2 1 0 

0 . 5 6 6 

> 
l 

OS 
9 

5* 
ia 

O 
o 
to 

tn 

I 
O 

S3 
ft 

o 
H 
O 
ft) 



aec. no. account title 

2 0 . land t, land r i g h t s 

2 1 . s t r u c t u r e s k s i t e f a c i l i t i e s 

~ ~ t . ra«ctor plant equipment 

turbine plant equipment 

electric plant equipment 

aiucellaneous plant equipment 

special materials 

direct cost (not incl. spares and contingency) 

construction services k equipment 

systeB3 engine*ring 
management 
quality assurance 
safety & envi ronntantal engineering 

hone office engineering t services 

construction aanagenent 
inspection 
preoperational testing 

field office engineering t services 

project adninistration 
staff training s plant startup 
inventories t spares 

owner's cost 

process contingency 

project contingency 

interest during construction (IDC) 

escalation during construction (EBC) 

total cost 

2 3 . 

2 4 . 

2 5 . 

2 6 . 

90 . 

9 1 . 

9 2 . 1 . 
9 2 . 2 . 
9 2 . 3 . 
9 2 . 4 . 
9 2 . 

9 3 . 1 . 
9 3 . 2 . 
9 3 . 3 . 
9 3 . 

9 4 . 1 . 
9 4 . 2 . 
9 4 . 3 . 
9 4 . 

9 5 . 

9 6 . 

9 7 . 

9 8 . 

9 9 . 

million dollars (1986) 

5.281 

339.280 

1362.833 

245.262 

137.051 

50.474 

0.566 

2140.746 

214.075 

© 

214.07S 

214.075 

512.794 

13 
ta 



account title UC(1988) - 1.424 x UC(1980) 
0 land (• privilege acquisition 
0 relocation at buildings, utilities, highway:*, etc. 
0 land t land rights 
0 general yard improvements 
0 waterfront improvements 
0 transportation access (off sita) 
0 Site improvements fc facilities 
0 basic building structures 
0 building services 
0 containment structural) 
0 architectural 
0 reactor building 
0 basic building structures 
0 building services 
0 architecture;. 
0 turbine building 
0 intake structures 
0 discharge structures 
0 unpressurized intake k discharge canduits 
0 recirculating structures 
0 cooling tower aysteas 
0 coaling system structures 
0 basic building structures 
0 building services 
0 architectural 
0 power supply t energy storage building 
0 taactoc auxiliaries building(incl. switchgeur bay 
0 hot cell building 
0 fuel storage building 
0 control cooi building 
0 diesel generator building 
0 administration building 
0 service building 
0 cryogenics building 
0 miscellaneous structures & building work 
0 miscellaneous buildings 
0 ventilation stack 
0 spare parts allowance 
D contingency allowance 
0 structures fc site facilities 
1 breeding material(incl. tritjum breeding) 
2 first wall L structural material 
3 attenuators, reflectors, t multipliers 
4 wall modifiers(coatings, liners, limiters, etc. 
5 reflector 
6 other 
0 FW/SW/blanket/reflector 
1 primary 
2 secondary 
D shield 

unit cost(19&0) no. of units refs. 
3.33Se+03 $/acre 1.000e+03 10 
3.7l0e+02 $/acre l,0O0e+O3 10 
0. l.OQOe+00 
0. 1.000e+00 Jb> 
0. l.OOOe+00 T 
0. 1.000e+00 t4^ 
1.128O+07 $ 1.000e+00 10 
3.000e+02 $/m"3 1.964e+05 13,18 
2.QQQe+06 $ l.OOOe+QO 13,14,+ 
3.QQ0e+07 $ l.OOO-a+00 13,14,+ Q 
7.50Qe+06 $ l.OOOa+00 13,14,+ XH 
0- l.OOOe+00 
3-000e+07 $ 1.000e+00 13,14,18 
2.000e+O6 $ l.OOOe+00 13,.\4,+ 
1.5Q0e+O6 S 1.000e+00 13 
0. 1.0Q0e+00 J> 
0, l.OOOe+00 " 
Q . l.OOOe+00 
0. 1.000e+Q0 
0. l.OOOe+00 
8 
8.030e+06 $ 1.000^+00 13,14 

o 

a 
> 

9S2.+05 $/unit 8.4«6«+00 2,13,14 J> 
CO 5.300.+05 $ l.OOOa+00 13,14 jli 

6.000.+05 $ l.OOOa+00 13 ra 

0. l.OOOa+00 |_i 
3.;60e+06 $ 1.0009+00 13,14 ,£ 
5.396o+07 $ l.OOOa+OO 13,14 O 
8.630.+06 $ 1-000.+0d 13,14 
3-100.+06 $ l.OOOa+00 13,14 
2.050.+06 $ 1.000a+00 13,14 
».700o+05 S 1.000.+00 13,14 ._. 
1.880.+06 $ l.OOOa+OO 13,14 (V 
9.100.+05 $ l.OOOa+00 13,14 l*H 
1.840.+OS $ l.OOOa+00 13,14 B 
0. l.OOOa+00 Xtl 
l.B10e+06 $ 1.000»+00 13,14 ,•_, 
0. fraction -l.OOOa+00 2,13,14 
0. fraction -l-OOOa+00 2,13,14 
0. l.OOOa+00 r. 
1.063.+02 $/k«| 4.782B+04 15,18 H 
2.809.+02 $/k? S.347e+0S 10 i> 
0. l.OOOa+00 U. 
4.45O.+04 $/n"2 6.194B+02 tj 
L8550+0 2 $/kg 0. 6 ^ 
0. l.OOOe+00 f> 
0. l.OOOe+00 2 
2.979e+01 $/kg 1.823e+06 10 (O 
2.979«+01 $/kg 0. 10 
0- l.OOOa+00 

P 



account t i t l e UCU988) = 1.424 x UCU980 

1 toroidal field coils 
2 ohmic-heating coils 
3 equilibrium field coils 
4 divertor field coils 
5 other coils 
0 magnets 
1 baas heating[neutral , ion or electron) 
2 rf heating 
3 laser heating 
4 other heating systems 
0 supplemental-heating/CD systems 
1 raactot structure 
2 equipment support structure 
0 primary structure £ support 
1 plaaiaa chamber vacuundncl. pumps/comp./pipa) 
2 magnet dewar vacuumfincl. pumps/comp./pipeJ 
3 suppL. heating vacuum(incl. pumps/comp./pipe) 
4 direct converter vecuum(incl. pumps/comp./pipe) 
5 reactor vacuum systemflow grade) 
6 reactor vacuum wall 
7 reactor vacuum tank/enclosure 
0 reactor vacuum systems(unless integral elsewhere) 
1 EF-coil pover supplies 
2 OH-coil pover supplies 
3 TF-coil power supplier 
4 DF-coil pover supplies 
5 other power supplies 
6 current drive pover supplies 
7 control system 
8 central energy storage 
9 other incl. busbars 
0 power supply, switching £ energy storage 
0 impurity control 
1 vacuum tank 
2 direct converter modules 
3 thermal panels 
4 power conditioning equipment 
0 direct energy conversion system 
0 ecrh breakdown system 
0 reactor equipment 
1 pumps fc motor drivestmodular £ nonmodular) 
2 piping 
3 heat exchangers 
4 tanks Idump,make-up,clean-up,trit.,hot storage) 
5 clean-up system 
6 thermal insulation, piping & equipment 
7 tritium extraction 
8 pres&urizer 
9 other 
0 primary coolant system 

^ 

u n i t c t > s t ( 1 9 0 0 > nc-. of units 
6.3006+01 S/kg :>.932e+06 10 
5.600O+01 S/kg i.635e+02 10 
S.000e+01 $/kg 1.503e+06 10 
5.000e+01 S/kg 3.1309+05 10 
a. l.OOOe+00 
0. 1.000e+00 
2.110e+00 S/W 0. 28+ 
7.547e-01 S/W 9.671e+07 28+ 
0. 1.000e+00 
0. 1.000e+00 
0- 1,0000+00 
0. 1.000e+00 
0. l.OOOe+00 
1.S55O+01 $/kg 2.4O7e+06 28 
8.3930+04 $/m~3/s 5.204e+01 26 
0. 1.000e+00 
0. 1.000e+00 
0. 1.000e+00 
0. 1.0008+00 
0. 1.000e+00 
1.500S+01 S/kg 1.218O+06 9 
0. 1.000e+00 
7.460e+02 S/kVA 1.000e-02 10 
1.855e+0I S/fcVA 1.000s-02 10 
3.709e+0l S/kVA 4.3S5e-0K 10 
3.7098+01 $/kVA 3.269e-07 10 
1.000e+06 l.OOOe+00 
3.709e+01 S/kVAr 0. 10 
0. l.OOOe+00 
0. l.OOOe+00 
3.5008+07 $ l.OCOe+00 
0. l.OOOe+00 
4.4SOe+04 S/m*2 1.239e+02 10 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. S/W 0. 
I.ol7e+07 $ l.OOOe+00 13 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.G0Oe+00 
0. l.OOOe+00 
0. I,000e+O0 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
4-195e+04 $/HWth 2.S44e+03 10 



ace. no. account title UC(1S*3) = 1.424 x VC119B0) unit cost(19B0) no. ot units refs• 
22. 2. 2. 1 
22. 2. 2. 2 
22. 2. 2. 3 
22. 2. 2. 4 
22. 2. 2. 5 
22. 2. 2. 6 
22. 2. 2. 7 
22. 2. 2. 8 
22. 2. 2. 9 
22. 2. 2. 0 
22. 2. 3. 1 
22. 2. 3. 2 
22. 2. 3. 3 
22. 2. 3. 4 
22. 2, 3. 5 
22. 2. 3. 6 
22. 2. 3. 7 
22. 2. 3. a 22. 2. 3. 9 
22. 2. 3. a 22. 2. 0. a 22. 3. 1. I 
22. 3 . 1. 2 
22. 3. 1. 3 
22. 3. 1. 4 
22. 3 , 1. 5 
22. 3 . 1. 0 
22. 3 . 2. 1 
22. 3 . 2. 2 
22. 3. 2. 3 
22. 3. 2. 4 
22. 3 . 2. 5 
22. 3. 2. 0 
22. 3. J . 1 
22. 3. i . 2 
22. 3. 3. 3 
22. 3. 3. 4 
22. 3. 3. 5 
22. 3. J. a 22. 3. 4. l 
22. 3. 4. 2 
22. 3. 4. 3 
22. 3. 4. 4 
22. 3 . 4. 5 
22. 3 . 4 , D 
22. 3. 5. a 22. 3 . 0 . a 22. 4 . 1 . a 22. 4 . 2. a 22. 4 . 3. a 22. 4 . 0. 0 

pumps b motor drives(modular t nonnodular) 
piping 
heat exchangers 
tanks(dump,make-up,clean-up,trit.,hot storage J 
clean—up system 
thermal insulation, piping t equipment 
t ritiun extraction 
pressur izer 
other 

intermediate coolant system 
pumps it motor drives (modular fc nonmodular) 
piping 
heat exchangers 
tanksCdum?,make-up,clean-up,trit,,hot storage) 
clean-up system 
thermal insulation, piping & equipment 
tritium extraction 
pressurizer 
other 

secondary coolant system 
main heat transfer fc transport systems 

refrigeration 
piping 
fluid circulation driving system 
tanks 
puri f i t a t ion 

magnet c o o l i n g system 
ret rigeration 
piping; 
fluid circulation driving system 
tanks 
purification 

shield & structure cooling system 
ref rigeration 
piping 
fluid circulation driving system 
tanks 
purification 

supplemental heating system cooling system 
ref rigeration 
piping 
fluid circulation driving system 
tanks 
purification 

power supply cooling system 
other cooling systems (ECCS) 

auxiliary cooling systems 
liquid waste processing k equipment 
gaseous wastes & off-gas processing system 
solid waste processing equipment 

radioactive waste treatment k disposal 

0. 1.000»+00 
0. l.OOOe+00 
0. 1.000a+00 
0. l.OOOa+00 
0. I . O O O B + 0 0 
0. 1.0004+00 
0. l.OOOa+00 
0. 1.0008+00 
0. l.OOOa+00 
2. 146 8+04 5/MWth 2.544a+03 10 
0. 1.000a+00 
0. l.OOOe+00 
0. l.OOOa+00 
0. l.OOOa+00 
o. l.OOOa+00 
a. l.OOOe+00 
0. l.OOOa+00 
0. l.OOOa+00 
a. l.OOOa+00 
2. 146' e+05 $/KWth 2.544e-02 10 
o. l.OOOa+00 
7. 546 e+01 $/unit 1.262»-02 23 
a. l.oooa+oo 
0. l.OOOa+00 
0. 1.0006+00 
0. l.OOOa+00 
0. 1.0004+00 
0. 1.0009+00 
a. l.OOOa+00 
0. 1.0008+00 
a. 1.000e+00 
0. 1.000O+00 
s. 700 9+02 S/Mwth 2.5449+03 13 
a. l.OOOa+00 
a. 1.0008+00 
0. l.OOOa+00 
a. l.OOOa+00 
0. l.OOOa+00 
a. l.OOOe+00 
a. l.OOOa+00 
a. l.OOOa+00 
0. 1.0008+00 
0. l.OOOa+00 
a. l.OOOa+00 
0. l.OOOe+00 
a. l.OOOe+00 
0. l.OOQo+00 
D, 1 . O O O J + 0 0 
0, l.OOOa+00 
a. 1.0000+00 
I . 2009+03 $/HWth 2.544a+03 13,14 

o 

en 

O 
» 
S3 3 

g 
o 
to 

lb. 



account: title UC(19B0) = 1.424 x UC(1980) 
0 fuel injection systems 
0 fuel processing systems 
0 fuel storage 
0 atmospheric tritium recovery 
0 water tritiua recovery systems 
0 blanket tritium recovery systems 
0 other 
G fue.1 handlino, t storage syst-ftas 
1 blanket t coil maintenance equipment 
2 components rotated into service to allow maint. 
3 other maintenance equipment 
0 maintenance equipment 
0 special heating systems(start-up,trace, etc.) 
0 coolant receiving, storage fc make-up systems 
0 gas systems 
0 building vacuum systems 
0 other reactor plant equipment 
0 reactor ific equip, [burn control, diagnostics, etc 
0 radiation monitoring systems 
0 isolated indicating t recording gauges, etc. 
0 instrumentation t, control(itc) 
0 spar* parts allowance 
0 contingency allowance 
0 reactor plant equipment 
0 turbine-generators b accessories 
o foundations 
0 standby exciters 
0 lubricating system 
0 gas systems 
0 reheaters 
0 shioldlng 
0 weather-proof housing 
0 turbine-generators 
0 main steam (or other fluid) system 
0 water intake common facilities 
0 circulating water systems 
0 cooling towers 
0 other systems which reject heat to the atmosphere 
0 heat rejection systems 

unit cost ii»eoi no. ox uni ts EAfS . 

3. 7096+06 S 2.000e+00 10 
3. 709B+D4 S/unit 2.4165+02 10 
3. 709S+06 $ 1.0006+00 10 
1. 4619+04 $/«-3/hr 1.1528+02 10 
3. 7096+06 $ 1.0006+00 10 
3 . 7094+06 $ 1.0006+00 10 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. l.OOOe+00 
0. 1.0006+00 
0. 1.0006+00 
0. 1.0006+00 
0. l.OOOe+00 
0 . 1.0006+00 
0. 1.0006+00 
1. 0946+04 S/Hwth 2.544«+03 13, ,14 
0, 1.0006+0C 
0, 1.0006+00 
0. 1.0006+00 
2, ,3416+07 S l.OOOe+00 13, ,14 
o. fraction -1.0006+00 I , ,:;, n 0. fraction -1.0006+00 2, ,13,14 
a. 1.0006+00 
o. 1.0006+00 
o . 1.0006+00 
0. 1,000»+O0 
0. 1.0006+00 
0. 1.0006+00 
o. 1.0006+00 
0. 1.000t+00 
0 . 1.0006+00 
4. 758e+05 $/unit 1.4696+02 2, ,13,14 
1. 678e+03 S/HWth 2.5446+03 12 
0. 1.0006+00 
0. 1.000.+00 
0. 1.0006+00 
0. 1.0006+00 
6. 319e+04 $/unit 3.0936+02 10 

lb . 

I 



2 3 . 4 . 1 . a 
2 3 . 4 . 2 . 0 
2 3 . 4 . 3 . 0 
2 3 . 4 . 4 . 9 
2 3 . 4 . 0 . a 
2 3 . 5 . 1 . 0 
2 3 . 5 . 2 . 0 
2 3 . 5 . 3 . 0 
2 3 . 5 . 0 . a 
2 3 . 6 . 1 . 0 
2 3 . 6 . 2 . D 
2 3 . 6 . 3 . 0 
2 3 . 6 , 4 . 0 
2 3 . «. 5 . 0 
2 3 . 6 . D. 0 
2 3 . 7 , 0 . 0 
2 3 . 9 8 . 0 . 0 
2 3 . 9 9 . 0 . 0 
2 3 . 0 . 0 . 0 
2 4 . 1 . 1 . 0 
2 4 . 1 . 2 . 0 
2 4 . 1 . 0 . 0 
2 4 . 2 . 1 . 0 
24 . 2 . 2 . 0 
2 4 . 1. 3 . 0 
2 4 . 2. 4 . a 2 4 . 2. 5 . 0 
2 4 . 2 . 6 . 0 
2 4 . 2 . 0 . a 
2 4 . 3 . 1 . v 
2 4 . 3 . 2 . 0 
2 4 . 3 . 9 . 0 
2 4 . 4. 1 . a 
2 4 . 4 . 0 . 0 
2 4 . 5 . 1 . 0 
2 4 . 5 . 2 . a 
2 4 . . 5 . 1 . 0 
2 4 . 5 . 4 . 0 
2 4 . 5 . 0. a 
2 4 . G. 1 . 0 
2 4 . 6. 2. 0 
2 4 . 6 . 3 . 0 
2 4 . 6 . 4 . 0 
2 4 , 6 . 5 . 0 
2 4 . 6 . 0 . a 2 4 . 7 . 1 . 0 
2 4 . 7 . 2 . 0 
2 4 . 7 . 3 . a 
2 4 . 7 . 4 . 0 
2 4 . 7 . S. 0 
2 4 . 7 . s. a 
2 4 . 7 . 7 . 0 
2 4 . 7 . a. 0 
2 4 . 9 3 . 0- 0 
2 4 . 9 9 . 0 . 0 

account title V C U 9 8 8 ) = 1.424 X U C U 9 3 0 ) 

condensers 
condensate system 
gas removal system 
turbine by-pass systems(excl. piping) 

condensing systems 
regenerators & recuperators 
pumps 
tanks 

feed heating systea 
turbine auxiliaries 
auxiliaries cooling eystemtexcl. piping) 
nake-up treat, systenlexcl. piping) 
chemical treat, fc condensate purification systems 
central lubrication service systenfexcl. piping) 

other turbine plant equipment 
instrumentation fc control(isc) equipment 
spare parts allowance 
contingency allowance 

turbine plant «qv»ip*»jit 
generator circuits 
station service 

svitchgear 
station service b startup transformer? 
low voltage unit substation & lighting transformer 
battery system 
diesel engine generators 
gas turbine generators 
motor generator sets 

station service equipment 
main control board for electric system 
auxiliary power fc signal boards 

switchboards (incl. heat tracing) 
gen. station grounding ays. & cathodic protection 

protective equipment 
concrete cable tunnels, trenches t envelopes 
cable trays & support 
conduit 
other structures 

e lec tr ica l structures t wiring containers 
generator c ircui ts wiring 
station service power wiring 
control wiring 
instrument wiring 
containuant penetrations 

power fc control wiring 
reactor building lighting 
turbine building lighting 
reactor auxiliaries building lighting 
radioactive waste building lighting 
fuel stotage building lighting 
miscellaneous buildings lighting 
yard lighting 

electrical lighting 
spars parts allowance 
contingency allowance 

unit cost(15S0) no. of units refs . 

0. 
0. 
0. 
0. 
2-753e+04 S/unit 
0-o. 
0-
2.640e+03 S/unit 
0. 
0. 
0. 
0 . 
0. 
6.462S+05 5/unit 
9.s20e+05 $/unit 
0 r f r a c t i o n 
0. f r a c t i o n 
0 . 
0 . 
0 . 
8.600e+ti3 S/'Jnit 
0 . 
0 . 
D . 
0 . 
0 . 
0. 
1.420e+u4 5/unit 
0. 
0. 
5.400e+03 S/unit 
0 . 
2.1109+06 $ 
0. 
a. o. o. 
1.656e+07 $ 
0. 
0. 
0. 
0. 
0. 
3.42Se+07 $ 
0. 
0. 
0 . 
0. 
0. 
0 . 
0. 
8.200e-l06 S 
Q. fraction 
Q. fraction 

1.0006+00 
1.000e+00 
1 .00084-00 
1.000e+00 
6 . U l e + 02 2,13,14 
1.000e+0O 
1.OOOs+00 
1.OOOe+00 
2.544e+03 2,13,14 
1 . 000e+00 
1.000e+00 
1.O00e+00 
1.O00e+00 
1.O00e+00 
7.201e+01 2,13,14 
S.486B+00 2,13,14 

-1.000e+00 2,13,14 
-1.000e+00 2,13,14 
1.0006+00 
1.000e+00 
1.000e+00 
1,2466+03 2.13,14 
1 .oooe+00 
1.oooe+oo 
1.OOOe+00 
1.0008+00 
1.0009+00 
1.0009+0G 
1.2163+03 13,16 
1.0009+00 
1.OOOe+00 
1.2469+03 2,13,14 
1.OOOe+00 
l.OOOe+00 13,14 
1.OOOe+00 
1.0008+00 
1.OOOe+00 
1.000e+00 
1.000O+00 13,14,+ 
1.OOOe+00 
l.&00e+00 
1.OOOe+00 
1.00Qe+00 
1 .000e+00 
1.OOOe+00 13,1-:.+ 
1.OOOe+00 
1.000e+00 
1.OOOe+00 
1.OOOe+00 
1.000e+00 
1.000e+00 
1.000e+00 
1.OOOe+00 13,14,+ 

-1.OOOe+00 2,13,14 
-1.OOOe+00 2,13,14 

s 
g 
to 
> 
o 
w 
a 
i° 
» w s» o 
o 

at 
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