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1.0 INTRODUCTION AND SUMMARY

1.1 Introduction

This report presents the results of the work at Argonne National

Laboratory (ANL) during FY-1986 on the Tokamak Power Systems Study (TPSS).

The purpose of the TPSS is to explore and develop ideas that would lead to

improvements in the tokamak as a power reactor concept. During FY-1985,

several organizations participated in this activity. The work at ANL* '

concentrated on plasma engineering, impurity control, and the blanket/first

wall/shield system. The work in FY-1986 extended these studies and focused

them on a reference design point. The key features of the design point

include:

• second stability regime with higher 6 and larger aspect ratio,

• steady-state operation with fast wave current drive,

• impurity control via a self-pumped slot limiter,

• a self-cooled liquid lithium, vanadium alloy blanket with

simplified poloidal flow, and

• reduced reactor building volume with vertical lift maintenance.

Sufficient work was carried out to report a preliminary cost estimate. In

addition, reactor implications of steady-state operation in the first

stability regime were a1 so studied. The highlights are summarized in the

remainder of this chapter.

Chapter 2 presents the rationale, for the reference, second-stability-

regime design point. The performance of this reference design is described in

Chapter 3. Reactor implications of the fi^st stability regime are reported in

Chapter 4 while facets of the second regime equilibrium calculations are

discussed in Chapter 5. Chapter 6 presents the details of the impurity

control concept. Design aspects of the first wall/blanket/shieid are reported

in Chapter 7. Finally, maintenance and facility considerations are discussed

in Chapter 8 while the results of the cost estimate exercise are described in

Chapter 9.
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1.2 Summa ry

The following subsections present a summary of the results reported in

subsequent chapters of this report.

1.2.1 Rationale for the Reference Design

Theoretical investigation of high beta tokamaks in the second-stability

regime is still in an early stage; however, the various calculations have

begun to uncover certain characteristics which appear conducive to high-beta

stability. Based on such calculations, we infer that a second-stability

tokamak may have design features, besides a low toroidal field, which will

lead to an attractive power reactor. The prominent design features of our

reactor are qualitatively displayed in Table 1.2-1.

Unlike low-beta tokamaks, a low aspect ratio is not strongly stabilizing

in the second-stability regime. In fact, it appears that moderate aspect

ratios, A - 5-6, will be the best choice to optimize stability against

ballooning and kink modes. Also, moderate elongation and triangularity,

without any inboard indentation, is possible. These mild geometric

constt :.nts simplify the equilibrium coil configuration and enhance access to

the reactor.

The key to high-beta stability with these parameters is control of the

pressure and toroidal current density profiles. In particular, the safety

factor on axis must be raised to the range q = 1.5 - 2.0, and the local shear

must be appropriately adjusted. We propose to tailor the current density by

operating in a steady-state mode using noninductive current drive; a variety

of frequencies and antenna power spectra are envisioned in order to optimally

control the profiles. Fortunately, the second-stability regime is not

strongly dependent on toroidal current, contrary to the first regime (Troyon)

scaling, and this possible low-current operation considerably reduces

circulating electric power for the current drive system.

The low toroidal magnetic field associated with high beta simplifies the

design of a liquid metal blanket by reducing the pressure drops in the coolant

channels. The close-fitting liquid metal blanket enhances external kink mode

stability and results in a compact reactor core with a moderate neutron wall
> j

load Wn ~ 5 MW/iu • The vanadium-based structure operates at high temperature,

leading to a high thermal efficiency, n t h = 0,42, and also offers a

1-2



TABLE 1.2-1 Second-Stability Reactor Features

Parameter Specification Impact

Aspect ratio moderate

Shaping

Safety factor

Plasma current

mild elongation
and triangularity,
no indentation

''avis

low

1.5

Toroidal field coils low field, compact

Beta high

+ enhances stability
+ better access to machine
+ permits low-frequency
current drive

+ better toroidal field
utilization

+ enhances stability
+ simple EF coil system

+ enhances stability
- may require noninductive
current drive

+ enhances stability
+ reduces EF coil cost
+ lessens disruption damage
- possibly redaced energy

confinement

+ NbTi technology
+ minimal stored energy and
mass

+ individual dewars,
separate octant removal

+ lower field facilitates
liquid metal coolant

+ low toroidal field
+ high temperature plasma

for current drive

Burn cyle steady-state + eliminates thermal storage
and ohmic transformer

+ reduces mechanical and
thermal fatigue

+ decreases disruption
frequency

+ reduces power supply
requirements for
magnets

+ maximizes duty factor
+ increases reliability and

availability
- larger circulating power

1-3



TABLE 1.2-1 Second-Stability leactor Features (Cont.)

Parameter Specification Impact

Heating and
current drive

ICRF/LH

Impurity control self-pumping

Coolant and breeder liquid lithium

+ integrated system for both
functions

+ multiple frequencies
permit profile control

+ ICRF fast wave provides
several CD options

+ good eleci:ric-to-rf
efficiencies

+ available technology
+ driven reactor eases

confinement and control
issues

+ eliminate B/S vacuum
penetrations and shielding

+ higher helium removal
efficiency

- recoating techniques
required

+ high ne ...ron wall load
+ low pressure
+ ex-blanket tritium

recovery
+ high conductivity

stabilizes kink modes
- chemical reactivitv

Blanket structure vanadium based

Inboard blanket/shield

Heat transport

thin

liquid metal, IHX

+ compatible with coolant
+ high temperature yields
high thermal efficiency

+ high resistance to
radiation damage

+ low activation

+ reduced TF coil size
- larger neutron dose to

TF coil

+ low afterheat
+ isolation of tritium and
activation products

+ isolation of steam from
the blanket
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potentially superior in-reactor lifetime compared to conventional steels.

Neutron shielding is minimized by relying on the self-pumping' impurity control

system which eliminates superfluous vacuum ducts. Also, the inboard shield

thickness is reduced in order to keep the toroidal coil size as snail as

possible. The wrap-around coils and compact blanket/shield facilitate

maintenance operations by permitting rapid removal and replacement of

integrated torus sectors.

The reactor appears to offer safety advantages as well. Low pressure

blanket coolant operation is possible. A high-temperature alloy structure

provides margin in the event of thermal transients. Lithium provides for

effective tritium containment. An intermediate heat exchanger is used which

reduces the lithium volume and isolates activation products and tritium fro«

the steam system. The blanket/shield can be designed with limited afterheat,

permitting unattended reactor shutdown in the event of a loss of coolant

accident.

i
1.2.2 Performance of the Reference Design

This year's effort has resulted in a preliminary view of a conceptual

second-stability reactor, whose main parameters are listed in Table 1.2-2

This is not an optimized design, primarily because the computational tools for

the plasma physics studies are still being developed. We note in particular

that there has not been a comprehensive survey of high-beta equilibria to

explicitly define the stability limits as a function of the MHD design

choices. There are at present no generally accepted answers to crucial issues

such as the upper limit on beta and the lower limit on toroidal current.

These questions will be addressed in continuing TPSS studies which will

especially focus on the ability to generate second-regime equilibria with the

low frequency fast wave current drive technique.

One clear conclusion, however, is that a second stability regime reactor

is a substantial improvement over a device like STARFIRE. The mass electric

power density of ~ 200 kW(e)/tonne is in the regime of potentially attractive

economics, and the operating mode, maintenance techniques, and safety features

also recommend such a device to the marketplace.
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TABLE 1.2-2 Principal TPSS Parameters

Quantity Variable Units Value

Major radius

Minor radius

Inboard blanket/shield build

Beta

Field at TFC

Toroidal current

Operating cycle

Current drive power to plasma

Impurity control

Neutron wall load

Thermal efficiency (Li/V blanket)

Blanket energy multiplication

Mass per octant

Fusion power

Thermal power

Net electric power

pf/pCD

Net thermal efficiency

Mass electric power density

o

a

A1 B/S

BM

PCD

Wn

Pth

m

m

m

T

MA

MW

MW/m2

Mg

MW

MW

MW

kW(e)/tonne

6.0

1.0

1.03

0.20

7.0

4

continuous

100

self-pumping

. 5.0

0.42

1.3

400

1950

2520

873

20

0.35

200
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1.2.3 Self-Consistent Current Drive and MHD Equilibria

A major effort was initiated to develop a fast wave current drive

calculation which yields self consistent two-dimensional MHD equilibria.

Using a ray tracing calculation a number of different waves are simultaneously

launched and followed as they generate steady-state tokamak MHD equilibria. By

adjusting the power spectra it is possible to create equilibria which in these

calculations are in the first stability regime. The measure of global current

drive efficiency, y ~ n R I/P-,n, was computed for a wiAc range of tokamak

plasmas in steady state power balance to obtain a general scaling law which

includes a dependence on temperature, Z --, and beta. Based on the general

expression for y, a series of reactor designs were created which illustrate

the options available for optimizing steady state, first stability regime

tokamaks.

A major result of our study is the finding of strong electron temperature

depenence of current drive efficiency in the reactor range (T > 10 keV),

assuming that linear Landau damping accurately describes wave absorption. In

addition, a slow increase of y with beta appears for first suability regime

equilibria, a result which is connected with the changing shape of the current

density profile. Also, by varying RQ and n independently we confined the

linear relationship of I/PgD to these variables. The influence of density and

temperature profiles and of the ion temperature are small, and we found an

equation which well represents the value of y for the reactor parameter range.

Work is underway to extend the rf current drive/MHD equilibrium calcula-

tion in order to survey the second-stability regime.

1.2.4 Calculations for the Second-Stability Regime

The study of second regime equilibria is facilitated by using a flux

conserving-type of computation in which the safety factor is constrained as an

input to the calculation. In order to do this the adaptive grid equilibrium

code developed at the Princeton Plasma Physics Laboratory was modified, and

various interfaces to the ANL plasma codes were written. Actual calculations

have only recently been started. We plan to pursue extensive stability

surveys of high beta equilibria in order to provide target equilibria for

detailed rf current drive and equilibrium field coil optimizations in the

1-7



future. Such detailed calculations will also permit the design of a close-

fitting first wall and self-pumped impurity control system.

1.2.5 Impurity Control

Following the initial TPSS study^ ' the reference impurity control system

has been chosen to be a lithium-cooled, self-pumped, slot limiter. This

system appears to offer substantial improvements over a conventional system,

e.g., a water-cooled pumped limiter or pumped divertor. The reference system

uses no vacuum pumps, pump ducts, or penetration shielding (except for a very

small startup system). Tritium is almost completely recycled in-situ with

pellet fueling used for burnup replacement. An estimated cost savings of ~

$35M results from the elimination of the pumps, penetration shielding and

reduction in the tritium processing system. There is also a projected

improvement in the mass utilization factor because of the elimination of 700

metric tons of penetration shielding. The limiter is expected to last five

years at a neutron wall loading of 5 MW/m and requires no routine mainten-

ance. It should, therefore, offer important, though difficult to quantify,

improvements in reliability and availability. In addition, the self-pumped

system may offer better helium pumping performance (estimated at 7.52

efficiency) than conventional pumped systems.

The slot limiter is toroidally continuous and located at the bottom of

the torus. The limiter consists of a front face, two leading edges, and a

slot region formed between the limiter back surface and the first wall. This

design is similar to a pumped limiter except that there are no pump ducts

behind the limiter. The limiter is constructed of 2 mm thick vanadium

alloy. A 2 mm cladding of tungsten is used on the front face and leading

edges for sputtering control. The combination of the tungsten cladding, and a

fairly low plasma edge temperature of 50 eV, results in negligible front face

and leading edge erosion. The achievement of a low-edge temperature is a

general goal for future devices. Helium trapping is done on both sides of the

slot region. The self-pumping concept results in a high hydrogen-recycling

rate at the limiter which tends to increase the edge density and lower the

edge temperature. For the reference design, vanadium has been chosen as the

trapping material based on its thermal properties, compatability with the

first wall and limiter structure, and its low long-term activation products.
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Stress calculations have been performed for the front and back surfaces

of the reference limiter design. In general, the steady-state operation

substantially reduces the stress problems. The reference design appears to

have acceptable stress-related performance up to its maximum rated life of

five years. The leading edges, however, remain a key area of uncertainty.

1.2.6 First Wall/31anket/Shield Design

The first wall/blanket/shield design activity was focused on the self-

cooled lithium-vanadium concept, which was identified as a leading concept in

the Blanket Comparison and Selection Study (BCSSr2^ and the FY-1985 TPSS

effort. The favorable characteristics of this concept were further optimized

for the TPSS reactor configuration, and design solutions to resolve liquid

metal MHD and chemical reactivity issues have been developed. Emphasis was

placed on design simplicity, improved safety, reduced activation and high

performance.

Since lithium can serve as both breeder and coolant, a simple integrated

first wall/blanket design configuration with a single pass, poloidally

oriented coolant flow has been developed. This concept makes use of

electrically insulated coolant channel walls and takes advantage of the lower

magnetic field to eliminate MHD-related pressure constraints. This provides

for a low pressure heat transport system, which, combined with the simple

configuration, should substantially enhance the reliability of the first

wall/blanket system. All in-core complexity associated with tritium recovery

is eliminated^ since tritium can readily be recovered from a small slip stream

off the external coolant loop. Also, concerns related to coolant-breeder

interactions are avoided with lithium as both breeder and coolant.

The lithium-vanadium system also provides several inherent safety

advantages. Because of the relatively high solubility of tritium in lithium,

containment of tritium during normal operation appears to be much easier than

for other blanket systems. The low pressure (< .5 MPa) coolant, high heat

capacity and thermal conductivity of lithium, and relatively low after heat in

1-9



this system provide substantial advantages in the event of a loss-of-flow

accident. The high temperature properties of vanadium provide a large margin

for thermal transients. Design solutions developed to improve safety also

include use of a nitrogen cover gas to eliminate lithium-air reaction.

Low corrosion/mass transfer rates predicted for vanadium in lithium will

limit radioactive mass transport to very low levels and provide benefits with

respect to radiation levels outside the reactor and radioactivity release in

the event of a coolant leak. Manifolding of the coolant system through the

core of the torus also provides safety advantages by confining the lithium to

limited regions.

The entire first wall/blanket system is designed with reduced activation

materials. Both the lithium coolant and the V-Cr-Ti ternary alloy structure

meet low activation waste disposal criteria. The tungsten and CaO used for

energy multiplication and shielding were also selected on the basis of reduced

activation considerations. Waste management requirements are minimized by use

of a long lifetime (~ 5 yr) structure and by designing the back portion of the

blanket (reflector) for full reactor life.

An energy conversion efficiency of 42Z is attainable by taking advantage

of the high temperature properties of vanadium. Incorporation of tungsten and

calcium oxide in the back part of the blanket (reflector) provides for

effective energy multiplication (1.3) in the blanket and reduced blanket/

shield thickness for adequate magnet shielding. Tungsten is cost effective in

the inboard blanket; however, CaO is used in the outboard blanket because of

economic considerations. The lithium provides adequate tritium breeding with

only a modest thickness (~ 35 cm equivalent).

A helium-cooled shield has been developed for use with the lithium-cooled

blanket to reduce concerns related to lithium-water reactivity. Titanium

hydride (Ti}^) is used in place of the H2O as the neutron moderator. This

helium-cooled shield provides shielding characteristics similar to a water-

cooled shield.

Key first wall/blanket/shield parameters for the reference design are

listed in Table 1.2-3.
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TABLE 1.2-3 First Wall/Blanket Shield Design Parameters

Structural material V-Cr-Ti alloy

Breeder/coolant Natural Li

Insulating coating CaO

Reflector material (Inbd/Outbd) W/CaO

Blanket thickness (Inbd/Outbd), cm 65/85

Shield composition Fe/B^C/TiH/He

Thermal power, MW 2200

Coolant temperature (T i n/T o u t), °C 280/550

Coolant mass flow rate, Kg/s 1930

Coolant pressure (P ), MPa ~ 0.5
IDaX

The major uncertainty associated with the reference blanket relates to

the integrity of the insulating coating on the coolant channels. Alternate

designs that incorporate insulating walls of the laminated type or first wall

coolant channels parallel to the magnetic field provide attractive blanket

options if a stable insulating coating cannot, be developed.

1.2.7 Facility Considerations

The TPSS reactor plant did not reach a detailed level of conceptual

design, however an attempt was made to quantify the benefits of a high-beta

plasma, a self-pumped limiter for impurity control, and a self-cooled liquid

lithium/vanadium blanket. The high-beta value resulted in smaller magnets and

less structure. The self-pumped limiter reduced the number of vacuum ducts

and pumps, cryogenic capacity and plasma processing capacity. The high-

temperature, self-cooled liquid lithium heat transport system resulted in a

higher net efficiency in the plant, smaller pumps and steam generators on the

lithium side of the system, and a smaller turbine and piping on the steam side

of the system.

To provide an overview of the impact of these innovations, a configura-

tion of the reactor (Fig. 1.2-1 and Fig. 1.2-2) and a balance of plant site

plan were generated. The main criteria used in developing the plant

configuration were to: 1) provide easy access to all areas; 2) place related

equipment in the same area; 3) make distances between related areas as short
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1. Floor Level
2. Upper Cavity Level
3. Lower Cavity Level
4. Carrier Storage
5. Dedicated Carrier
6. Gantry Crane
7. Lithium Pump and Inter-

mediate Heat Exchanger
8. Cavity Lid
9. Hot Cell Doorway

Figure 1.2-1 Reference TPSS reactor building-side view.
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Figure 1.2-2 Reference TPSS reactor building with hot cell
building-top view.



as possible; and 4) separate different functions so as to simplify maintenance

operations.

For the TPSS reactor, the lifetime limiting components are the limiter

and blanket assemblies whose lifetimes are estimated to be five years at a 75-

80% availability. The maintenance scenario includes replacement of two of the

assemblies every two years at the same time that turbine maintenance is

scheduled. The expected downtime is three to four weeks. Remote maintenance

is assumed for replacement of the blanket assemblies with vertical access to

the assemblies being achieved using a gantry crane.

1.2.8 Cost Estimate

The capital cost and the busbar cost of electricity were determined for

the TPSS configuration and compared to STARFIRE and BGSS costs. The costing

philosophy adopted was to put all parts and contingency costs in the indirect

cost category. The direct cost algorithms were based on STARFIRE and BCSS

costs. In Table 1.2-4 the direct capital cost, the indirect capital cost and

the total capital cost for TPSS, for a general liquid metal BCSS reactor, and

for STARFIRE are listed. The capital cost of electricity is essentially the

same for the two liquid metal reactors and is $450/kWe lower than that for

STARFIRE. We note that TPSS offers a smaller unit size compared to BCSS and

STARFIRE and the economics of scale would lead to even lower costs if the TPSS

concepts were built into a large plant I~ 1200 - 1700 MW(e) net].

References

1. C. C. Baker, et al., "Tokamak Power Systems Studies - FY 1985," Argonne

National Laboratory Report ANL/FPP-85-2, December 1985.

2. D. L. Smith, et al., "Blanket Comparison and Selection Study Final

Report," Argonne National Laboratory Report ANL/FPP-84-1, September 1984.
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TABLE 1.2-4 Suuary of the Direct Capital Cost for TPSS, BCSS
and STARFIRE Reactors in 1986 Dollars

Reactor Design
Cost Accout T P S S B C S S (Liq-Met)a STARFIRE

($M) ($M) ($M)

(20) Land and Land Rights
(21) Structures and

Site Facilities
(22) Reactor Plant Equipment
(23) Turbine Plant Equipment
(24) Electric Plant Equipment
(25) Miscellaneous Plant

Equipment

Direct Capital Cost

Indirect Capital Costb

Total Capital Cost

MW - fusion
MW - thermal
MW - net electric
$/kW - capital cost
of electricity

2

178
624
147
84

10

1045

627

1672

1950
2518
873
1197

5

346
1156
346
139

12

2004

1202

3206

3675
4596
1698
1180

3

411
1075
294
138

56

1977

1186

3163

3510
4C00
1200
1648

a The BCSS "reactor" was not developed from a separate reactor study but was
based on a STARFIRE-type reactor with a self-cooled lithium-vanadium
blanket. The building sizes were assumed to be similar to STARFIRE's.
Parts costs and contingency costs were removed to allow all designs to be
evaluated on the same basis.

It is sssutned that the indirect capital cost is 60% of the direct capital
cost and includes all contingency costs and all parts costs.
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2.0 RATIONALE FOR REFERENCE DESIGN

2.1 Improvements to Conceptual Tokamak Power Reactors

The prospects of basing commercial fusion power plants on tlie tokamak

concept must be judged in terms of various figures of merit with which the

tokamak can be compared with competing technologies. In principal, the cost

of energy (COE) represents the "bottom line" figure of merit. While the COE

is a primary concern for utility managers, it is difficult to predict for

today's power plants, let alone a few decades in the future. The capital cost

of the power plant is sensitive to many factors, such as construction delays

and unforseen costs associated with licensing and environmental issues which

are difficult to predict. Moreover, the cost of future technology can not be

accurately forecast when industries do not currently have experience in these

areas. Thus, figures of merit in addition to COE are used to assess the

commerical potential of fusion. One of these is the mass power density. This

figure of merit is defined as the net electric power of the reactor divided by

the mass of the reactor. One goal of our TPSS activity is to examine the

possibility of increasing the 47 kW/tonne mass power density achieved with the

STARFIRE design.

We should be careful not to attach undue significance to the mass power

density. STARFIRE weighed 25 x 10 Mg, while Hoover Dam, which produces a

similar electric output as STARFIRE, was built with 8 x 10" Mg of concrete and

17 x 10 Mg of sand, gravel, and cobbles, a thousand-fold lower mass power

density. Fully loaded with "fuel", one must add the mass of Lake Mead behind

the dam, to get a total mass of approximately 20 x 10 Mg. This example of

hydroelectric power offers only one millionth the mass power density of

STARFIRE!

There are obviously other criteria with which to judge commerical

potential. The unit size is one. STARFIRE at 1200 MW electric is typical of

the largest fission plants under construction today. Such a unit size was

selected to take advantage of economies of scale. However, fusion could enter

the market place more quickly if there were flexibility in choosing smaller

unit sizes.
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Operating costs are another important economic factor which are also

difficult to estimate. In terms of fuel cost, to carry our comparison a step

further, both fusion and hydroelectric appear attractive. However, fusion is

more complex and will require substantial attention to maintenance. If we are

to improve the outlook for tokamak reactors we must continue to stress innova-

tions relative to STARFIRE which will simplify the design and enhance

reliability.

Other measures of attractiveness are the safety and environmental

acceptability of power plants. (Even hydroelectric facilities are not immune

to safety concerns; the Teton Dam collapse in Idaho in 1976, which was caused

by faulty construction methods, tragically resulted In fourteen deaths.)

Considering the magnetic, chemical, and thermal energy stored in a tokanak

reactor, as well as the potentially large inventory of radionuclides, it Is

imperative that safety concerns be addressed with the greatest vigilance

during fusion reactor design.

As a response to these considerations regarding tokamak improvements, the

TPSS-second stability reactor incorporates many ideas which appear credible

but were considered too advanced for the design philosophy adopted In the

STARFIRE study in 1979. These Improvements lead to higher mass utilization,

flexibility In choosing (smaller) unit sizes, engineering and safety advances,

and improvements in plasma physics performance.

2.1.1 Higher Mass Power Density

In STARFIRE the neutron wall load was limited to Wn = 3.6 MW/m
2 by the

choice of a water-cooled, austenitic stainless steel first wall and blanket.

Use of a liquid metal coolant in TPSS permits W > 5.0 MW/ra2, leading directly
n ~

to improvements in muss utilization. Also important is operation at much

higher beta, which permits smaller magnetic fields and thinner, lighter

toroidal field coils (TFC). Low toroidal current in TPSS also results in a

simpler, smaller equilibrium field coil structure. The magnetic torques on

the TFC structure are reduced, and hence less intercoil support Is needed. By

using steady-state current drive and noninductive startup the TPSS device

requires no ohmic heating coil. Savings result from utilizing "wrap-around"

TF coils, rather than larger constant tension shapes. The shield mass Is also

minimized by accomodating a higher nuclear radiation dose to the TFC.
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Finally, unnecessary blanket/shield penetrations are eliminated by designing a

self-pumped limiter concept for impurity control.

2.1.2 Flexible Unit Size

Despite the economies of scale there is no inherent reason why smaller

reactors than STARFIRE cannot be built. To demonstrate this the TPSS design

activity focused on a unit delivering ~ 800 MW net electric power, about two-

thirds the STARFIRE rating, at Wn = 5.0 MW/m
2 and RQ = 6.0 ra. Even smaller

units could be delivered, but the economics rapidly deteriorate for R < 5 m,
o #s*

due to high circulating power (for the current driver).

2.1.3 Engineering and Safety Features

Alloys of vanadium promise substantial improvements to steel alloys for
o

radiation resistance, perhaps with > 20 MW-y/m lifetimes. Also, vanadium's

superior metallurgical properties permit blanket operation at higher tempera-

tures than steel, offering better thermal-to-electric energy conversion

efficiency. The liquid-lithium coolant, which is a good match to the vanadium

structure, can be utilized to generate a higher blanket energy multiplication

(without excessive use of neutron multipliers such as beryllium) and a

relatively large tritium breeding ratio. Tritium containment can be assured

by employing barrier coatings on the lithium coolant channels. In general,

the engineering approach emphasizes the need to minimize the volatile tritium

inventory in the system. An intermediate heat exchanger isolates the primary

coolant with its activation products and tritium from the steam cycle. Water

is completely eliminated from the reactor hall to avoid chemical reactions

with the lithium primary coolant. Use of lithium Instead of water as the

coolant permits much lower pressure in the coolant channels than was possible

for STARFIRE, which is an important safety feature. Inherent safety was also

achieved by limiting the afterheat in the first wall/blanket In order to allow

an unattended reactor shutdown, even with a loss of coolant.

Reactor maintenance is considerably easier for TPSS than for STARFIRE,

due in a large degree to the smaller size and mass. It is possible to

engineer a system of octants which can be rapidly removed as units by an

overhead crane and replaced with spares, minimizing the downtime for

repairs. Each TFC is in its own dewar, so the replacement can proceed without
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having to warm up and disconnect the neighboring coils. Smaller EF coils, the

absence of an OHC, and the large aspect ratio all contribute to ease of

maintenance.

2.1.4 Improved Physics Performance

Many of the TPSS advances are possible if certain plasma physics ideas

can be demonstrated in the future. The principal goals in this area are

achievements of second stability regime operation, steady-state (noninductive)

operation consistent with stable current profiles, and validation of the self-

pumped impurity control technique.

2.2 Theoretical Studies of Second Stability Regime

In this section we review the results of several studies of tokamak

stability and attempt to characterize the parameters to be expected if a

reactor can be operated in the second regime. At present there are no experi-

ments operating in the second regime, but, worldwide, tokaraaks have been able

to reach the first stability limits predicted by MHD theory. This validation

of the MHD predictions provides optimism that the second stability regime is

also attainable in appropriately modified tokamaks, as this higher beta regime

is predicted by the same MHD theories.

2.2.1 First Regime Limits

Stability studies must consider a large number of possible modes in

tokamaks. These may be crudely classified as ideal ballooning, ideal kinks,

and resistive modes. The ballooning modes have short wavelength along the

magnetic field (characterized by toroidal eigenmode numbers n » 1) and are

driven by pressure gradients in the (outboard) regions of bad field line

curvature. Their stability is controlled by field line tension and shear so

their existence is sensitive to details of the magnetic geometry In equili-

brium. Although ballooning stability is desirable, the nonlinear effects of

these modes is uncertain; the short scale size of the modes could, for

example, mostly result in enhanced plasma diffusion, leading to a "soft" beta

limit. The kink modes are driven by large currents flowing In the plasma,

and, since these modes have long wavelengths (n = 1, 2,...), their nonlinear

behavior is usually associated with catastrophic loss of confinement.
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Fortunately, the kinks are generally susceptible to stabilization by eddy

currents in the first wall of a tokamak, provided the wall is reasonably close

to the plasma surface. Resistive modes are a concern because, especially in

low temperature experimental tokamaks, they may destroy confinement even if

the plasma is stable to all ideal modes. Their nonlinear behavior, including

field line breaking and reconnection, may lead to either violent plasma loss

(disruption) or to a new, nonaxisymmetric equilibrium with saturated islands.

A concise derivation of the first stability limit is provided by Wesson

and Sykes' ', using the standard assumptions: axis safety factor is qa » 1.0,

beta is of order £5 - A~2 (where A is the aspect ratio), circular flux sur-

faces, and a non-hollow current profile. They consider at first ballooning

modes, whose stability is characterized by normalized shear and pressure gra-

* 2 2

dient parameters, respectively s = dlnq/dlnr and G = -(2 JJQ R q /B ) dp/dr =

-Rq d3/dr, where r is a flux surface label (which is approximately the local

minor radius of low beta circular equilibria). Each flux surface in equili—

brium is labeled by a point on the s - G diagram, Fig. 2 of Ref. 6, and if all

surfaces lie to the left of the shaded area in the figure (low G, small 6 ) ,

the plasma is in the first stability region. Using analytic techniques Wesson

and Sykes compute the maximum g in this first regime:

6 < 0.28 A " ^ " 1

where q^ is the safety factor at the boundary surface. We
- - 2 —

define f? = p/B /2p , where p denotes the volume averaged pressure. Using0 0 (2)
less-idealized q profiles Sykesv ' concluded

i < 0.22 A"^" 1. (1)

This formulation is plotted in 3 of Ref. 30. For circular equilibria at A »

1, the safety factor is easily related to the total current, I, by

qb

2
a B 2TT

qb RB R p I'
P °

where a is the minor radius and A = R/a, so Sykes's first regime limit is

equivalently given as
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8 < 0.044 I (MA)/a <m)/B (T). (2)

This remarkably simple result shows the proportionality of the beta limit to

current in the first regime. This result is commonly called the Troyon limit

and is named after another research group^' which found the same relationship

but with a smaller coefficient, 0.028. Empirically this Troyon limit holds

for stability cases calculated with a wide variety of plasma shapes

(elongation, K > 1, and triangularity, 6 > 0), but for constrained q profiles.

Wesson and Sykes^1' also require q^ _>_ 2.0 to avoid kink modes. For the

TPSS reactor, with A = 6.0, this would yield a very small beta, £ < 0.02.

Resistive modes are expected to be even more limiting for the q profile

considered by Wesson and Cox: 8 < 0.01.

Extensive studies by Bernard, et al. esentially confirmed the Troyon

scaling, although the K and 6 influence was more clearly elucidated:

3 < 0.27 A " ^ " 1 ' 1 K 1' 2 (1 + 1.56); (3)

likewise q. _<̂  2.0 was needed for kink stability. The coefficient of

proportionality was found to be sensitive to current profiles, but Bernard's

results are constrained to equilibria with small q (= 1.05), just above the

onset of interchange instability.

The benefits of large triangularity [cf. Eq. (3)] were further under-

scored by the ballooning mode surveys of Yamazaki^-*a^ and Tuda,'^"' who found

8 < 0.30 A " ^ - 1 K 1* 5 {l + 0.9 (K-1) 6 - 0.6 K ° " 7 5 q ^ 1

+ 14 (K-1)(1.85-K) S1*5 q b~
4}. (4)

These results also assumed qa = 1.0. Tuda scaling appears most accurate for

first regime equilibria, including even small indentation, but for mild

shaping all three scalings are in fair agreement: see Figs. 4.2-1 and 4.2-2 of

Chapter 4, for example. In all cases the resulting g is very limiting for

tokamak reactors.
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2.2.2 Second Stability: q3 > 1.0

Using an analytic calculation (A » 1, nonconcentric circular surfaces)

it was demonstrated by Coppi^"^ that equilibria exist which, near the magnetic

axis, lie in the second ballooning stable region (large G). This analysis of

local stability was augmented by a numerical study''' which confirmed the

existence of equilibria which are globally stable to ballooning and internal

kinks above a certain pressure.

Evidently these discoveries of a second stability regime had been pre-

saged by earlier numerical work by Todd^' which had unwittingly stumbled onto

this result. Unlike the investigations leading to the Troyon limit,'^~*) Todd

took the liberty of increasing qa substantially above unity. The result, in

Fig. 8 of Ref. 26, showed an unprecedented increase in the stability of

ballooning (n = °°) modes and n = 3 wall stabilized kinks as q approached ~
Cl

2.0. The figure displays stability at g > 0.024 for a circular ( K = 1, 5 = 0)

plasma with A = 4.6 and q, = 3.8, twice the value given by Eq. (1).

The benefits of raising q were explained in Ref. 9 as being due to the

reduction of field line curvature near the magnetic axis (by reducing the

poloidal field contribution), which reduces the propensity for ballooning.

This is most effective at small A; the semi-analytic work suggested for A =

2.5 that stability on all flux surfaces could be achieved with q > 1.6. This

view was bolstered by a systematic ballooning survey* ' in which qa was

increased above unity. The results for A = 2.5 and a flat q profile Cq^,/qa =

1.7) with circular flux surfaces are summarized by Fig. 1 of Ref. 10. This

figure, which is a local stability analysis of analytically generated model

equilibria, shows a considerable modification relative to qa=1.0, opening the

central plasma region (small s, nonzero G) to ballooning stability.

Accompanying studies^ ^' of numerically generated equilibria confirmed that

the stable region is enlarged as qa increases.

Note that in these diagrams the magnetic axis falls near the origin

of s - G, and G will first increase and then decrease as one passes outward to

larger poloidal flux. The variation in s wilL depend on details of the

equilibrium, and only certain equilibria will have pressure, p(ifi), and q(t|i)

profiles which provide a stable route through the s - G diagram from the axis

to the plasma boundary.
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A particularly valuable illustration for our study of rf-generated second
~ (11)

regime equilibria was provided by Galvao, who numerically derived and

tested several circular cross-section equilibria at A = 3.3 for stability.

Figure 7 of Ref. 11, shows both low beta (solid curves) and high beta (dashed)

equilibria in tokamaks with a very broad pressure profile. The current

density is centrally peaked at low beta (stable at fj = 0.016) and q(+) is

strictly monotone. At high beta (stable at g = 0.071) the current profile is

hollow, and the safety factor displays a reversal of shear near the edge.

This high beta result is shown to lie completely outside the region of

ballooning instability, provided qo > 1.2; note 6 is almost three times the

value predicted by Eq. (1). The high beta result is of particular

significance to us since it is qualitatively quite similar to fast-wave

generated equilibria found with our multi-mode calculation. Figure 2.2-1

shows a typical equilibrium generated by fast wave current drive with 47 MW of

rf power in a tokamak with R = 5.25 m, A = 6.0 and a noncircular shape (K =»

1.6, 6 - 0.5). Our example has £ = 0.079 (twice the Troyon value, with I *

3.2 MA) and A~ & = 0.7. Although the values a = 0.98, q. = 1.95, and the
p a u

magnetic axis shift, A = 0.06, differ from the values shown in Ref. 11 (q =

1.2, q, = 2.5, A = 0.47) it seems likely that further refinement of our

calculations could duplicate the second stability example of Galvao.

We also note (Ref. 11) the qualitative similarity of high beta tokamaks

and screw pinches. Evidently, high beta stability is associated in both cases

with hollow current density. This picture of stability, which was incor-

porated into the STARFIRE design/12^ is supported by theoretical studies of

extremely hollow profiles which were shown'1-*) to be stable to ballooning,

kink, and resistive modes at (3 = 0.20 with A = 4.0, K = 1.6, 6 = 0 , and qb =

2.0, even with qa » q^.

A useful compilation of ballooning stability versus q and q, is provided
3 D

by Fig. 7 of Ref. 5a. We see, for example, elongated Dees without indentation

have been found stable at three times the Troyon limit. Ballooning stability

improves with increases in qa and with flattening of the q(^) profile (q^/^a *

1).

A major concern remains regarding kink mode stability. It is frequently

observed'*^' that stability requirements for ballooning and free-boundary kink

modes can be contradictory. Thus, kink stability and conducting wall
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Figure 2.2-1 High beta equilibrium generated with the high frequency fast wave

(plus a small amount of lower hybrid power to control the edge

current density): 0 = 0.079, IQ = 3.2 MA, BQ = 3.7 T, RQ = 5.25

—
m, n = 0.98 x

— \ —
m , T = 1 3 keV, PCD = 47 MW, and y

0.35. Fast waves are at 0.3 - 0.6 GHz with 1.6 < n < 2.6;

lower hybrid waves are at 1.5 HGz with 1.9 < n < 2.8.
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requirements must be assessed for equilibria which are ballooning stable. Let

us first consider the n = 1 internal mode. When qo < L.O this takes on a kink

topology which is associated with "fishbone" activity. When qa > 1.0 the

internal n = 1 mode takes on more of a ballooning nature, being localized

poloidally to the region of bad curvature. Fortunately, calculations* '

indicate there is a wide window of stability to high g (A g > 1.0) for this
P ~

mode for nonindented, mildly shaped plasmas (A < 10, K = 1.4, 6 « 0.5) with

= 2.5, provided 1.1 < q < 2. Ref. 15 shows the important role thata ~ a ~

triangularity plays in stabilizing the ideal internal n = 1 node; similar

conclusions were reached previously by Takeda.v*"*

Internal modes with n = 2 and n = 3 were investigated by Grimm, and

again a strong stabilization appears (g > 5) as q is increased such that
p ~ a

qa > 1.0. Indentation has no substantial effect on these conclusions. A more

detailed survey of intermediate n (= 3,10,50) modes^ "' uncovered complete

stabilization (g > 3) for q > 1.8, provided the pressure profile is fairly
p ~ a ~

broad. The limited stability to n = °> ballooning, seen in Fig. 3 of Ref. 16,

is possibly related to the choice of qv./qa
 = 2.5 made for this study.Considering the results of Ref. 5a, we find when q - 1.5 that n = «• stability

is much higher when low shear is possible, e.g., for q^/^g = (2.0/1.5).

Long wavelength external modes may be most damaging to tokamak perfor-

mance. The axisymmetric (n = 0) mode exists for sufficiently elongated

plasmas and may ultimately require feedback stabilization. However, a close-

fitting conducting shell around the plasma surface greatly reduces or

eliminates the mode's growth rate. Even partial shells have a substantial

effect. Likewise, the external n = 1 mode can be stabilized with a conducting

shell. Calculationsv ' ' suggest a vacuum distace A < (0.15)a is adequate

to stabilize a nearly circular plasma of minor radius a with a complete shell;

Av < (0.10)a is necessary with a partial shell.

Regarding resistive modes we note that theoretical studies of realistic

equilibria have only recently begun. ' It appears likely that a safety

factor with small shear (e.g., q = 1.6 and q, = 2.8) is desirable, as such a
a D

plasma contains the fewest mode rational surfaces. With mild noncircularity

and finite aspect ratio the dangerous m = 2, n = 1 tearing mode should be

stabilized with A < 0.1a. Extensive linear resistive mode studies are

still needed. Also the nonlinear behavior of high g resistive modes in the
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thermonuclear regime (resistive to Alfven time scale ratio S > 10 , see Ref.

22) needs further study. The effects of resistivity may be manifested as

anomalous transport rather than catastrophic loss of confinement.

Recent stability work has emphasized the need to tailor both the pressure

as well as the current density profile. Generally, broad p(ip) is best for

ballooning stability. By reducing p' = dp/dif» near the axis and increasing p1

at the boundary it has been possible^*^ to create nonindented equilibria (at

A = 4.0, K = 1.8, 6 = 0.5, qa = 1.1, and qb = 4.1) which show complete

ballooning stability up to (3 = 0.27, and the flux conserving sequence from

zero beta never passes through a region of instability. Hence, access to a

connected region of second stability appears plausible as the plasma is heated

to ignition. The high beta example considered in these calculations is

unstable to external kinks without a conducting wall, but it was found that Ay

= 0.2a is adequate to eliminate this instability. The external kinks are

driven by the current density gradient, dj/dr, which becomes strongly negative

in a high current, first regime tokamak. One possible means of alleviating

the kink problem is to reduce the average value of the current density

gradient; this is one motivation for using hollow current profiles. Earlier

( 23)
studies of these so-called force-free current equilibria found good

stability to the external kink. In the extreme case where dj/dr > 0 at the

boundary it is possible to have kink stability at high beta without a

conducting wall. In fact, in Ref. 14 a disconnected second stability regime

for kinks was found for f} > 0.09 (A = 5.0, ic = 2.0, q = 1.1, q. = 5.1) in an

indented plasma (i = 0.33). This example was stable to ballooning and kinks

up to the highest beta tested (6 - 0.20).

Although the p( i|/) and j profiles found in Ref. 14 provide complete

stability without a conducting wall, the nonzero current density at the

boundary is physical unrealistic. Thus, realistic high beta equilibrium would

require p1 = 0 at the boundary. Studies by the JAERI group(24,25) have

indicated that optimum profiles have the central pressure unlimited, in the

second ballooning stable regime, whereas the outer plasma remains in the first

regime; see Fig. 6 of Ref. 25. The hollow current density profile resides in

the central region with the j peak demarcating the high p1 flux surfaces

separating the second and first stability plasmas. The nearly circular plasma

in Fig. 6 of Ref. 25 has 3 = 0.066, almost triple the value predicted by Eq.
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(1) • In contrast to Galvao's example, in Ref. 11, q(i|>) is strictly monotone

for the JAERI calculation. As long as large p' is restricted to the central

region of small local shear, the pressure gradient and, hence, g, can be

increased at will. These results are independent of shaping (1.0 <_ < <_ 1-6

and 0.0 < 5 < 0.3) but require q > 1.5. Note in Fig. 6 of Ref. 25 the— — a ~ 2

quantity G( <Ji), which is the flux surface averaged function G = <j B>/<B >.

This function is the object of our fast wave current drive studies, reported

in Sec. 4 of this report. Based on our experience with multi-mode rf current

generation calculations it would appear Likely that such G(<|>) profiles can be

created in a reactor.

Nearly identical conclusions regarding optimum p('J») profiles were reached

by other investigators; Fig. 4 of Ref. 26 shows p(iji) and G(i|i), which can be

compared directly with the results in Ref. 25. While these current profiles

may be created via noninductive current drive, the pressure profiles may be

difficult to achieve in a fusioning plasma. Of course the noninductive

current drive power will also influence the temperature and pressure

distribution within the plasma. At the present time, it is difficult to say

whether the peaked p(ij>) assumed in Ref. 25 and Ref. 26 or the broad
~0.5 ~ (11)

p('l') ~ <Ji * used by Galvao is more likely to be achieved in practice.

Experimental studies of current profile control to access the second

stability region are only now beginning. The HBT device at Columbia

University can transiently achieve qo > 1.0 and exceed the Troyon limit.^^

The discharge is, however, generated by externally changing magnetic fields,

so it is impractical to maintain the equilibrium for extended periods. There

is a proposal^ ^ to construct a new experiment, SRX, at Columbia University

which, via rapid heating, for example, could have a nonindented transformer-

driven tokamak discharge which enters the second regime with q frozen at a
3

value significantly above unity. Second stability could also be achieved in

TORE SUPRA^29) with rapid heating of an ohmic discharge; calculations

suggest B > 0.05 is possible (three times Troyon) with qa > 2.0 and a flat

current profile. In addition, the plans to utilize lower hybrid current drive

on TORE SUPRA could result in conclusive evidence of second stability

operation with current profile control.
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2.2.3 Second Stability: Magnetic Axis Shift

It was pointed out in Ref. 30 that ballooning stability at high beta can

be attributed to the outward shift of the flux surfaces, which essentially

pushes the peak pressure into a magnetic well. Using an analytic theory In

which circular flux surfaces have a differential shift a1 = da/dr, it was

shown that the origin of the s - G diagram opens to ballooning stability.

Hence, even with qg = 1.0, there exists a (disconnected) second stable region.

Access to second stability via the magnetic axis shift might be

accomplished in practice by inducing toroidal flow, for example with

tangential neutral beam injection,'^"^ which sets up a centrifugal force on

the plasma arising from the toroidal rotation near the sound speed. This

possibility has been raised with respect to the SRX proposal. '

2.2.4 Second Stability: Indentation

As pointed out by Miller and Moore'^1) an alternative route to high beta,

instead of current/pressure profile shaping, is the use of external coils to

create indented plasmas. Their cross-section optimization leads to elongated

bean shapes in which the large indentation, i>o, increases flux surface tri-

angularity near the magnetic axis. The shorter outboard connection length and

increased good curvature inboard stabilizes ballooning modes to high beta.

However, even with K = 3.0 and i = 0.3, the maximum 0 in their calculations Is

0.14. While this is a large improvement relative to the case with i = 0, it

is substantially less than the stable beta values discovered more recently.

The limitation of Miller and Moore's calculations may be due to the small

aspect ratio (A < 3) used in their studies. In the comprehensive study of

bean-shaped plasmas by Grimnr ' it was shown that indentation is most effec-

tive at large A. This is seen in Fig. 4 of Ref. 17: A = 3 requires i > 0.3 to

attain high g ballooning stability, but for A = 10 very high fj (> 0.20) is

possible even with i = 0. As implied by the figure, indentation with I > 0.3

would be required during startup in order to bypass the unstable regime at

moderate 8 (= 0.02). Significantly, though, raising qa above unity has a

profound benefit, and, as seen in Fig. 9 of Ref. 17, hardly any indentation Is

required with A = 10 to bypass the region of instability if qg = 2.0.
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Regarding the internal n = 1 kink, we can see from Ref. 15 that indented

plasmas have good stability, especially at high beta and with q > 1.0. Beans

are also quite stable to the n = 2,3 internal modes'- ' provided qa > 1.0.

The n = 0 mode will require a conducting wall at A < 0.4a to control its

growth,'I'' and it is found'*") that th.e dangerous n = 1 external kink can

also be stabilized at A = 0.4a if there is modest indentation (i = 0.15).

v

The only experimental tokamak devoted to bean-shaped plasma work is PBX

at the Princeton Plasma Physics Laboratory. So far^^' i =» 0.2 has been

achieved, which is theoretically insufficient to access the second regime.

However, with such a strongly shaped cross section tne plasma can carry more

toroidal current without dropping q^ too low. Consequently, world record

values of f} (=•= 0.05) were achieved, which closely followed the first regime

predictions (e.g., Eq. 2). An upgrade of PBX with i * 0.3 and a close-fitting

partial conducting shell is to be operated in 1987.

2.2.5 Second Stability: Energetic Particle Populations

As with the Elmo Bumpy Torus, it may be possible for a highly energetic

population particles to anchor the high beta tokanak against ballooning modes

by creating a diamagnetic well. This could be via ECRH techniques, for

example, which would be employed during startup; once the second regime is

attained the ECRH would no longer be needed.^ ^ Alternatively, neutral

injection might be used. Figure 1 of Ref. 33 shows how the s - G ballooning

diagram is modified in the presence of high energy particles on a flux surface

with q = 2. In the best case displayed the hot particles are magnetically

trapped outboard, spread poloidally in angle (± 0 ) in the range

of ~ — to ~ T". In this case, the region of instability (solid curves)

shrinks significantly, permitting high pressure gradients in the plasma

core. The stability results of the figure are only valid to the left of the

dotted lines where the magnetic drift of the hot particles changes sign.

The precessional drift frequency of the hot species must be kept quite

high for this stabilization method to work. For a reactor, it is

estimated'"' that energies in excess of 2 MeV will be required. This

obviously poses technological challenges to the reactor designer. Moreover,

precessional drift resonaces with internal kinks or ballooning modes could

destabilize the plasma. This possibility has been offered as an explanation
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of the fishbone activity which is triggered by neutral beam injection at high

beta. An additional concern^ ' is that high energy alphas could destabilize

ballooning modes if they are deeply trapped in the region of bad curvature.

At present the benefits of hot particle stabilization techniques are very

uncertain.

2.2.6 Second Stability: rf-Ponderomotive Stabilization

Successful demonstration of ICRF stabilization in mirrors (e.g., Phaedrus

at the University of Wisconsin) has motivated investigation of this

possibility to suppress ballooning modes in tokamaks. Initial work^ ' has

indicated enhanced stability with the application of nondissipative (low

power) ICRF at frequencies slightly above the ion fundamental cyclotron

frequency. In terras of the parameter a f, which is proportional to the wave

energy density, the usual instability boundary in the s - G diagram shrinks as

ar£ increases. For parameters typical of present experimental tokamaks, the

model calculations (which assume A » 1, < = 1, d = 0) suggest that fast waves

with electric fields ~ 3kV/cm are adequate to increase the coefficient in Eq.

(1) by a factor of seven.

The implementation of this technique in a reactor would presumably

require only a transient application of rf until high beta is achieved, and it

could be turned off once the whole discharge was in the second regime.

Unfortunately, the requisite electric field strength is quite high if the fast

wave is used, E ~ 28 kV/cm being necessary' •"' for reactor parameters (B -

5T). Alternatively, the ion Bernstein wave might be employed, this wave

requiring only E - 100 V/cm. The evanescent nature of the Bernstein wave

might, however, only permit stabilization near the plasma surface.

2.3 Characteristics of the TPSS - Second Stability Reactor

In this section a qualitative discussion of the TPSS reactor is

presented. We focus primarily on physics parameters, as many engineering

features of the design rely to a great degree on the ability to operate at

high beta. Based on our understanding of second stability calculations we

justify the design parameters which are detailed in Chapter 3 and summarized

in Table 3.3-1.
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2.3.1 Steady-State Operation

As suggested by the STARFIRE study,^^) steady-state operation appears

feasible with noninductive current drive (RFCD) and is expected to increase

reactor reliability and availability. This desirable operating mode is

retained for the TPSS reactor, and, in addition, it is proposed that RFCD can

be used to tailor the current density profile and enhance stability. Profile

control is thus the principal means of creating a second stability

equilibrium.

2.3.2 Mild Plasma Shaping

Our initial studies showed that plasma indentation (bean shaping) is

impractical for a reactor. The pusher coil would need to be located

approximately at the center of curvature of the indentation, and, for

i > 0.05, this would put the coil near the inboard first wall region. In this

location it is difficult to shield and cool the coil, and maintenance is a

severe problem. Based on the second stability calculations using profile

control, we assume no indentation is needed. Instead, a small elongation is

adopted with sufficient triangularity to stabilize the n = 1, internal kink.

Although large K tends to aid the self-pumped limiter design (Sec. 5.1.4), it

increases the stored energy and complicates the design of the equilibrium

field coil (EFC). ( 3 6 )

2.3.3 Safety Factor

Profile control is most effective to access second stability if the axis

safety factor exceeds unity. Calculations suggest q = 1.5 is reasonable and,

since the overall shear should be low, we would expect q^^a ~ ^* ^ e a s s e r t

that qa > 1.0 is difficult to maintain in an inductively operated tokamak,

although it has been achieved with RFCD (for example, on ASDEX^37^).

Generally, raising qo reduces the total current, I , which is beneficial to

the reactor power balance when RFCD is used. Also, the hollow current

profiles associated with flat q(<|0 may be attractive if bootstrap currents are

able to contribute significantly.
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2.3.4 Aspect Ratio

A moderate aspect ratio is appropriate to a second stability reactor.

The usual engineering design and naintenance problems accompany values of

A < 4, and of course, the radial drop off of the toroidal field is most severe

for small A. A new constraint arises if low frequency fast wave (LFFW)

current drive is attempted. In order to avoid parasitic cold fuel ion

resonances inside the plasma it is necessary to elect A > 5.0. However, as

toroidal effects are stabilizing to kinks in a low-shear equilibrium it is

desirable to avoid excessively large A. A good compromise seems to be in the

range A ~ 5.0 - 6.0.

2.3.5 Pressure and Current Profile Control

Plasma profiles are determined by transport processes and external

sources. Our preliminary work (Chapter 5) has not identified an optimum p(i|i)

for second stability equilibria, and this issue is still under active

investigation (see, e.g., Ref. 17 and 26). Thus, it is premature to prefer a

simple broad profile (like p(t|;) ~ ijj , in Ref. 11) or a more elaborate p(i(i),

as in Ref. 26. We eschew one-dimensional transport code calculations and

instead rely on steady-state profile averaged' (TRAC-II) code calculations in

order to study the tokamak power balance and performance. We parameterize the

pressure as p(i{») = p ty™ for both the TRAC-II studies and the RFCD

calculations. Ballooning, kink, and tearing modes are of course sensitive to

pressure and current density gradients, so in a viable reactor we would likely

employ local heating and current drive with ECRH, FWCD, and lower hybrid

current drive as needed to fine tune the plasma profiles.

2.3.6 Toroidal Current

A relatively low toroidal current is desirable from engineering consider-

ations. The vertical (EF) field provided by the poloidal coil system is pro-

portional to I , so the stored energy, U , will vary roughly as ~ IQ .

Likewise, the n = 0 feedback system (control coils) will have a strong power

dependence on Io< The overturning torque exerted by the EF coils on the

toroidal field coil (TFC) set, which must be resisted by intercoil structure,

is also proportional to the vertical field and, hence, IQ. An additional

concern is the large magnetic energy stored in the poloidal field of the
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toroidal current. In the event of a major disruption the loss of I Q could

result in severe damage as induced eddy currents in the surrounding structure

impose large forces on the reactor components.

Of greatest significance, though, is the linear dependence of RFCD power

on Ir. With the RFCD efficiencies, y = n R I /P p n, calculated in Chapter 4

the circulating power is an important fraction of the gross electric output of

the reactor, so every attempt to reduce IQ should be made. This is a major

benefit of achieving a second stability regime equilibrium in which the Troyon

limit, Eq. (2), is broken and high beta is possible without paying the price

of high toroidal current.

If I is reduced too much there is concern that the tokamak confinement

might suffer. Good confinement of hot alphas, however, is improved by going

to large aspect ratio; alpha confinement is adequate if I A > 10 MA.^ '

Thus, for A = 6, IQ = 2 MA is sufficient for alpha confinement. It may also

*rg

the so-called ASDEX H mode (see Chapter 3):

be that global energy confinement is a function of I , one possibility being

T (s) = 0.1 I (MA) R (m).
o o

This also implies a need for IQ > 2 MA.

In practice, the minimum IQ for the TPSS design will be limited to the

value which gives a stable plasma at high beta. Based on very preliminary

investigation (Chapter 5) we expect I = 4-5 MA.

2.3.7 Beta and Toroidal Field

The principal motivation for seeking higher beta is to reduce the

toroidal field at the chamber center, B , and at the inboard leg of the TF

coil, Bw. For a given fusion power density the required TF coil cost varies
2 -

roughly with the inverse of beta, as B ~ (1/(J). Our calculations also
o

suggest 3 > 0.15 is adequate to reduce By to the 8-10T range where the NbTi

option may be used as the TF superconductor. If Bw < 8T this may also permit

the use of a lithium coolant in the first wall without requiring insulated

channels to avoid large pressure drops. Low Bw will also lower the

overturning torques on the TF coils.
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Adoption of high beta will help the RFCD since operation can occur at

high T > 30 keV, where y is expected to be largest. While T = 30 keV is
e ~ e

desirable, this might imply the need for exceptionally good energy

confinement. This is not out of the question as we note that high g (>*0.10)

diamagnetisra reduces |B| variation along field lines; the nearly omnigeneous

nature of the central plasma would reduce neoclassical transport by reducing

the fraction of trapped particles.

Equilibria have been numerically tested^ ' to be stable at 8 = 0.40, and

analytic studies suggest stability at much higher values is even possible.

Since the largest benefits of increasing beta occur as beta increases from ~

0.05 to ~ 0.20 we will however be content in this study to assume that beta is

about four times the Troyon limit, and we thus arbitrarily set g » 0.20.

2.3.8 First Wall and Blanket

A liquid lithium-cooled first wall/blanket is an attractive choice for an

advanced tokamak reactor. The high electrical conductivity of the first wall

and metallic coolant will help stabilize the low n kink instabilities. Wall

stabilization is most effective if the vacuum space is kept as small as

possible, at most ~ 20% of the minor radius. It appears that a scrapeoff

distance A =0.15 m is compatible with the self-pumped limiter impurity

control system.

The lithium coolant offers a number of high performance features in the

TPSS design. The principal advantages are low pressure operation but at

elevated temperatures which permit better thermal efficiency than the water-

cooled blanket in the STARFIRE design. In addition, the TPSS reactor can

operate at considerably higher neutron wall loads (Wn > 5.0 MW/n ) than

STARFIRE, which results in a more compact reactor with a higher mass power

density. Refractory alloys, like vanadium, which are most compatible with a

liquid lithium coolant, also appear to offer improved radiation-resistance

lifetimes and low activation compared to the steel structure used in STARFIRE.

2.3.9 Impurity Control

In order to achieve further compactness and reduced capital cost, the

self-pumped limiter concept was developed. Coatings, such as vanadium alloys,

in the slot region behind the limiter capture helium ash but recycle the DT
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fuel. This selective pumping eliminates many unnecessary penetrations of the

blanket for mechanical vacuum pumps and as well eliminates an enormous amount

of neutron shielding. The impurity control system is required to minimize

^eff *n orc*er t o allow a reasonable plasma power balance; and also Zg^f < 1.5

is desirable to minimize the power required for RFCD.

2.3.10 Fast Wave Current Drive

A shortcoming of the STARFIRE design was the inability to generate

current near the magnetic axis with lower hybrid waves, which is related to

the high density accessibility limit of the slow wave. We propose to remedy

this by launching a combination of fast waves and slow (lower hybrid) waves,

the former generating current in the interior where the lower hybrid waves

cannot penetrate.

In this current year's work on TPSS, we examined the high frequency fast

wave (HFFW), which typically operates at ~ 1 GHz frequencies. By operating

well above the fifth ion cyclotron harmonic it is possible to avoid ion

damping. The results reported in Chapter 4 provide an extensive calculation

of the RFCD efficiency, y, to be achieved with the HFFW for first regime

equilibria. The calculation of second regime equilibria has just begun, one

typical example being Fig. 2.2-1.

The low fr . .aency fast wave (LFFW) is the primary candidate, however, for

the TPSS driver. The high radial group velocity of this wave promises superb

penetration into the interior. The low frequency also increases y due to the

transit time magnetic pumping on the resonant electrons. By operating at f -

54 MHz it is possible (at B o = 4.4 T and A = 6) to have all cold deuterium and

tritium harmonic cyclotron resonances outside the plasma, thereby avoiding

fuel ion cyclotron damping. Also, as it appears that electron damping is

sufficiently strong to accomplish single-pass wave absorption, competition

from suprathermal alpha damping should be insignificant.(39) The LFFW option

permits the use of standard technology with multimegawatt power tubes and the

prospect for good electric to rf power conversion efficiency, n__ > 0.5.

A further advantage of the LFFW is that alternative means to transit time

pumping have been identified as possible RFCD methods. Minority heating^*^'

is one technique which is likely to be successful but which may have a small

Y. Mode conversion is the other possibility, ̂ ^ but this has received very
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little study. For a detailed comparison of y values predicted for the LFFW

see Ref. 42.

The coupled RF/MHD code described in Chapter 4 has been modified to

include the LFFW option, and initial calculations with the new code have

begun. Figure 2.3-1 shows a multiple-mode spectrum used to generate a (low

beta) equilibrium in INTOR. In this example the frequency is 64 MHz, and the

power spectrum is: [n , edge power (MW)] = [3.00, 20.0]; [3.25, 10.0]; [3.50,

5.0]; [4.00, 5.0]; and [4.50, 5.0]. An additional 6 MW of lower hybrid power

(3 modes, 2-10 GHz, 1.6 < n. < 2.0) provides the surface current density.

This spectrum converges to an MHD equilibrium with g = 0.031, qa = 0.74, qjj «

3.2, and IQ = 5.9 MA. With n = 0.6 x 10 2 0 m~3, RQ = 4.9 m, and T = 17 keV,

the total power required is P Q D = 52 MW, so y = 0.33.

The LFFW system can be tuned slightly in frequency in order to place the

deuterium second harmonic resonance at the magnetic axis. Thus, the same

hardware and power supply could provide proton minority and deuterium harmonic

heating to ignition. We note also that the heat input to the electrons from

RFCD during steady-state operation will ease the requirement for good energy

confinement.

Details of the LFFW antenna design have so far not been addressed. At f

- 50 MHz either loop antennas or ridged waveguides appear useable. A phased

array will be needed to establish a toroidally travelling wave packet. For

the higher frequency lower hybrid waves which control the surface current

density a standard Brambilla grill should be appropriate. We expect at most

only ~ 1% of the RFCD power will be supplied by the lower hybrid system.

2.4 Future TPSS Plasma Physics Work

While the design described in this report appears reasonably plausible

and consistent, much work remains to investigate some of the more speculative

issues. The first goal is to calculate a variety of high beta equilibria

which test stable to ballooning and kinks with PEST II. With this done a set

of equilibria could be examined for power balance with the TRAC II code, using

the numerically generated flux metrics. The resulting plasma parameters

(temperature, densities, and profiles) will provide an Input to the RF/MHD

calculation in RIP, and the LFFW driver will be used to duplicate the

equilibria which are stable in the second regime. We will attempt to maximize

2-21



1*0

0.0 0.2 0.4 0.6 0.8 1.0

PSIHflT

X

7.S-

5.0-

2.5- J
0.0 0.2 O.t 0.6 O.S t.O

PSIHflT

N) 0.0

0.0 0.2 0.4 O B 0.8 1.0

PSIHflT
-3.0

3.S 4.0 4.J S.0 S.S 6.0 6.3
R

3.S 4X1 4.S S.0 5.5 6.0 6.5

Figure 2.3-1 Equilibrium generated with low frequency fast wave at 64 MHz,
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y and minimize the circulating power. The numerically computed equilibria can

then be studied in order determine their EF coil requirements, and the EF

system for the reference reactor can be optimized.

Start up requirements can be more accurately studied, and the effects of

a reversed emf on RFCD during current ramp will be assessed. Electrical,

mechanical, and nuclear engineering of the LFFW antenna can be started once

the requisite frequencies and power spectra are well defined.
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3.0 REACTOR PERFORMANCE

3.1 TPSS - Second Stability Reactor Reference Parameters

The parameters of the reactor design described in this report are given
9

in Table 3.3-1 for a neutron wall load of Wn = 5.0 MW/m . A fully consistent

design has not yet been achieved, and these specifications are not considered

optimum. However, this design dot- represent the second stability reactor

concept to a sufficient level of detail that a preliminary assessment of its

potential is possible.

3.2 Equilibrium Calculations

At present, high beta equilibria are computed using three distinct

methods. As described in Chapter 5, the CHI code performs a calculation for

which p( <l>) and q( <p) are specified. The output from this code is readily

examined for stability with PEST II, the tokamak stability code developed at

Princeton Plasma Physics Laboratory, and high (3 equilibria (> 0.20) can be

easily found. The reference equilibrium in Fig. 5.1-10 has a pressure

profile, p(t{i) = p [l -(l-tjl) ] , and we would infer I = 4.5 MA toroidal

current for a reactor with B = 4.4 T. However, as the reference equilibrium

has q = 1 . 0 and q, = 2.05, we would actually expect I < 4 MA if the safety

factor were increased slightly to enhance ideal MHD stability.

The version of the TRAC II code,'1) which computes the profile averaged

steady-state power balance, we used in this study has a simple pressure

function, p(ij/) = p ip . For our studies we have chosen a « 1.4 to approximate

the form used in the CHI code. Also, TRAC II calculates the q(ip) profile

rather than specifying it, and in order to roughly match the high g equili-

brium of Fig. 5.1-5 we set the diamagnetism to be F(iji) = RBt = RQBo [1 -

5 (i ] with «F = 1.9 and a well depth 6 = 0.331. The calculated flux surfaces

are similar to those in Fig. 5.1-10; the pressure yields B = 0.20, and the

flux surface volume metric, dV/diji, of importance to the power balance, is

reasonably representative of a possible second regime equilibrium. The

current profile and safety factor, Fig. 3.2-1, differ significantly from the

forms in Fig. 5.1-5, due to the different functional forms selected.
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The RIP code calculates equilibria generated with RF current drive.

Preliminary calculations have led to equilibria such as shown in Fig 3.2-2,

which may be compared with the stable example shown in Fig. 2.2-8, at 3 = 0.12

and IQ = 4.7 MA at BQ = 4.4 T and qa = 1.5. Additional work is needed to

consistently create RF generated equilibria which are tested stable by PEST-II

and which can be used in the TRAC II power balance.

3.3 Power Balance

The electron and ion average temperatures, f and f., are considered
e 1

independent variables, which are under a certain amount of control by the

reactor designers and operators. High T. = f > 20 keV is generally favorable

for RF current drive and maximizes Q = Pf/Pf<n» although the loss of reactivity

above ~ 15 keV require.; increasingly larger toroidal field values. This ia

not a real concern for a second stability reactor. It is conceivable

that T. !> 25 keV will result in unacceptable ion harmonic damping and decrease

the current drive efficiency, but this concern has not been fully studied yet.

The results in Table 3.3-1 are based on an average neutron wall load W n *

5.0 MW/m2. However, the TPSS design could accomodate other wall loads without

major changes. For example, W n = 8.0 MW/m would require a maximum field B^ -

8T instead of 7T and need IQ - 4.5 MA instead of 4.0 MA. The gross electric

output would increase substantially without a large increase in current drive

power, PCD.

Additional plasma related parameters are given in Table 3.3-2. Whereas

equal ion and electron energy confinement times of 0.7s are needed for power

balance (Table 3.3-1) we find a wide range of predicted T values due to the

uncertainty in this area of plasma behavior. We use the following formulas to

calculate predicted T values:

(2)neoclassical ion confinement

neoalcator global confinement' '
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T = 0.10 n a 1' 0 4 R 2' 0 4 /q~
e e o b

Kaye-Goldaton L modeVJ'

x = 0.055 <"28 B - ' ° 9 I l'lk n '26 P~'
58 a"'49 R

e o o e T o

ASDEX H mode(4)

T = 0.065 I R /M,
e o o

where T is in seconds, densities are 10^" m , R and a inn, I in MA, B in

T, and M is the ion mass (amu), which is assumed to be 2.5. As usual, L mode

scaling is bad for tokamak reactors if the experimental auxiliary heating

power is replaced by P-j* = Pa + PQ-Q> the sum of the alpha and current drive

power. There is good reason to be optimistic that H mode confinement might

occur, however. Of particular significance here was the recent demonstration

on JT-60 that energy confinement remains at the ohmic value even with 11 MW of

neutral beam injection, provided RF current drive is used to maintain the

discharge.

We should note that the TPSS reactor lies deep within the banana

regime (v < 0.01) with a large magnetic Reynolds number (S > 10°) and obeys

second stability MHD limits, so scaling laws based on present-day tokamak

experiments may be of limited relevance to the TPSS reactor performance.

Thus, while the Murakami parameter, n R
Q/

B
0 = 32 x 10 m~ T~ , appears

large compared to present experiments, there is no evidence that this is a

concern in the second stability region.
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TABLE 3.3-1
TPSS Reference Design ParMetera

Parameter Variable Units Value

Aspect Ratio

Elongation

Triangularity

Average Beta

Beta Poloidal

Inboard B/S Radial Thickness

Outboard B/S Radial Thickness

Inboard Scrapeoff Distance

Outboard Scrapeoff Distance

Major Radius

Minor Radius

Plasma Volume

First Wall Area

Blanket Neutron Energy Multiplication

Thermal Power Conversion Efficiency

Current Driver Efficiency

Pressure Profile Exponent

Density Profile Exponent

Thermal Power

Fusion Power

Alpha Power

Neutron Power

Neutron Wall Load

Plasma Power Density

A

IC

d

0

Vs
AB/.S
A X

V

V
Ro
a

VP
Aw

"B
nth

nCD

a

an

Pth
Pf
P
a

Pn
wn

Pf

m

m

m

m

m

m

m3

«2

MW

MW

MW

MW

MW/m2

MW/m3

6.0

1.3

0.25

0.20

~ 3

1.03

1.38

0.20

0.075

6.0

1.0

150

312

1.3

0.42

0.65

1.4

1.1

2518

1950

390

1560

5.0

13.0
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TABLE 3.3-1 (Continued)

Parameter Variable Units Value

Average Electron Temperature T keV 18

Average Ion Temperature T. keV —16

Average Deuterium Density n 10 m 0.95

Average Electron Density n 102"m~3 2.33

Vanadium Fraction n /n n T 10 1.25

Confinement Product " n ^ 1020s/m3 0.55

Ion Energy Confinement Required T s 0.7

Electron Energy Confinement Required T S 0.7

Alpha fraction ii /n_m .023
a DT

Effective Ion Charge Zeff **^

Plasma Current I MA ~4

Toroidal Field on Axis BQ T 4.4

Toroidal Field at TFC B u T 7.0

Current Drive Power (FWDC) P C D MW ~100

Gross electric power P MW 1058

Net electric power P n e t MW 873

Plasma Power Multiplication (P-/P.,..) Q 19.5

Net thermal efficiency Pnet^pth °*35
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TABLK 3.3-2
Predicted Plasaa Confinement Tiaes

Confinement Time Value

Neoclassical ion energy confinement 17 s

Global confinement (neoalcator) IS s

Global confinement (Kaye-Goldston L) 0.2 s

Global confinement (ASDEX-H) 2.5 s

3.4 Toroidal Field Coil (TFC)

The TFC parameters are given in Table 3.4-1. Each coil's perimeter is

minimized to reduce costs, resulting in a close-fitting, nearly circular

shape. With sixteen coils the peak-to-peak toroidal field ripple is < 3Z at

the outboard edge of the plasma; this ripple can be reduced with ferritic

shims under the outboard coil legs. The complete TFC set stores 8 GJ of

energy when fully charged, a great reduction from the 50 GJ stored in the

STARFIRE design.

An individual TFC is expected to weigh ~ 100 Mg, and it is reasonable

that two TFC's may be mounted together on each octant, which represents a

manageable mass that can be maneuvered by an overhead crane. Minimum size

coils are fabricated by using high current density in the superconducting

windings. Since operation is steady state (no fatigue problem) and the

maximum field in the coil is only 7.3T, it may be possible to operate with j =

4 kA/cm , averaged over the winding pack.

Reactor maintenance is facilitated by removing an octant and replacing it

with a spare (see Chapter 8); this necessitates mounting each TFC in its own

dewar. The inboard leg of each TFC rests against a room temperature support

cyclinder. The cold helium vessel, internal to each TFC vacuum tank, must be

held rigidly against the magnetic centering forces by a cold-to-warm support.

The forces are transmitted in compression through a G10 honeycomb and liquid
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nitrogen shield. The heat leaks to each TFC are ~ 75W to the He and 780W to

the N. The nuclear heating in the winding pack and helium case is a larger

concern, due to the thin inboard blanket and shield, it being 300W in each

coil. We find the electric power required for the TFC cryogenic plant is < 3

MW.

TABLE 3.4-1
Toroidal Field Coil Specifications

Quantity Variable Units Value

Inboard shield/TF interface

Field at inboard shield/TF interface

Maximum field at winding

TFC radial build, inboard

TFC radial build, outboard

Inboard leg radius

Outboard leg radius

Half height

Location of maximum height

Perimeter length

Stored energy

Number of TFC

Ripple (% pp, RQ + a)

Insulator dose

(40 y, 75% avail, 5.0 MW/mZ) rads

Nuclear heating, maximum in He case

Neutron fluence

Displacement damage/atom

Winding pack S/C current density

Total nuclear heat (4.2 K)

Total conduction (77 K to 4.2 K)

Total heat leak, current leads (4.2 K)

Total radiation heat (4.2 K)

Total conduction (300 K to 77 K)

BM

max
RHmax
L

UTF
NTFC

m

T

T

m

m

m

m

m

m

m

GJ

mW/cm3

cm

dpa

kA/cm2

kW

kW

kW

kW

kW

3.77

7.00

7.30

0.67

0.50

3.42

9.42

3.00

5.40

19

8.2

16

~3

1010

1.2

3 x 1018

3 x 10"3

4.0

6.0

1.2

0.64

0.03

12.5
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3.5 Equilibrium Field Coils (EFC)

The equilibrium field coils (EFC) are placed directly outside the TFC in

order to minimize their size and cost. With steady-state operation and

relatively low field strength such proximity of the EF and TF coils is

permissible. We estimate the EFC will store ~ 0.2 GJ of energy.

Compared to STARF1RE the overturning forces on the TFC are modest; shear

panels can be used between the outboard TFC legs to support the forces.

3.6 Reactor Mass

The total mass of the reactor structure (magnets, shield, and blanket) is

found (Table 3.6-1 and 3.6-2) to be 3900 Mg, one sixth that of STARFIRE.

TABLE 3.6-1
EF and Coil Systea

Quantity

Support cylinder thickness

Support cylinder half height

EFC stored energy

EF strength in plasma

Variable

ASUP

HSUP

UEF

BEF

TABLE 3.6-2
Reactor Structure

Quantity

TFC total mass

Shield total mass

Blanket total mass (drained)

Mass per sector (1/8)

Total mass (excluding EFC, RFWG)

Variable

MTF
Ms
MB1

Units

m

m

GJ

T

Units

Mg

Mg

Mg

Mg

Mg

Value

0.11

2.8

0.2

0.5

Value

1400

2200

300

490

3900
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3.7 Power Flow and Mass Power Density

As shown in Table 3.3-1, the reference reactor has a thermal power P ^ "

Pa + Pgp + MgP_ = 2520 MW, where the blanket neutron energy multiplication is

Mg = 1.3 and where we project a current drive power PQJJ = 100 MW absorbed in

the plasma. (pCD c o u l d b e higher if alpha damping is strong, but it appears

that for the low-frequency fast wave current-drive technique this should be

negligible.) High temperature operation of the primary coolant results in a

thermal efficiency n = 0.42, so the gross electric power is ?„ * i) . P . "
tn s tn tn

1060 MW.

The recycled power to maintain operation includes: PMUTJ < 1 MW for MHD

losses in the liquid Li flow channels; p c r v o = 5 MW for cryogenics; (Pt./100)

for various auxiliary power and pumping requirements; and (Vrn/^Qn) f° r

electric power to the current driver. We are hopeful that continued source

development and system design can result in n__ =•= 0.65 (transformer yard to

rf). The net electric power is thus P n e t = Pg - P M H D - P c r y o - (Pth/100)

- ( PCD / nCD ) = 8 7 3 m'

This preliminary TPSS design has a mass electric power density = 200

kW/tonne. This value, which is roughly four times the STARFIRE value, will be

refined with continued study and definition of the TPSS components. We also

note that the value could be even higher if W n = 8 MW/m were used.
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4.0 REACTOR IMPLICATIONS OF FIRST STABILITY

LIMITS WITH FAST HAVE CURRENT DRIVE

4.1 Introduction

Some of the benefits of steady state operation to a tokamak reactor have

been identified in recent studies. d " " Cost reduction and increased

reliability may accrue due to reduced mechanical and thermal fatigue, due to

elimination of systems such as the ohmic heating coil and thermal energy

storage components, and due to reduced power supply requirements for the

equilibrium field coils. The capital cost and circulating power for the

toroidal current drive system must, of course, not be so large as to offset

the advantages of steady operation. For the projected electric efficiency and

costs of future large rf current drive systems it would appear necessary^ ' to

have a normalized current drive efficiency

Y = (Se/10
20m-3) (Ro/m) (I/MA)/(PCD/MW) > 0.4,

where n& is the volume-averaged electron density, RQ is the major radius, I is

the toroidal current, and Pgp is the rf power heating the plasma. Likewise,

for nearer terra engineering test reactors such as INTOR* •* there is interest

in steady state current drive, but, since such devices will not be required to

be economically competitive with existing electrical power plants, the

requirements for y may not be as severe as for a commercial reactor. One goal

of the present work is to obtain an improved calculation of y for large

tokamaks, using realistic two-dimensional MHD equilibria in reactor-grade

plasmas. As we shall show, it seems possible within the framework of the

quasilinear theory^ of rf current drive to achieve the desired y = 0.4.

The method of calculating self-consistent rf-generated MHD equilibria has

been presented previously^' However, the earlier calculations suffered in

several respects. The equilibria were not considered from a stability point

of view, the safety factor was not constrained to be monotonic in the poloidal

flux, and the plasma temperatures and densities were not consistent with a

steady-state power balance. These defects have been remedied as follows. The

rf-ray tracing and current drive calculation has been generalized to permit an

arbitrary number of modes in the power spectrum, and multiple frequencies and
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polarizations are allowed. Using a combination of lower hybrid and fast wave

power spectra, we can generate equilibria which appear to be stable according

to approximate scaling laws for the first stability regime. In addition, the

current drive/equilibrium calculation is performed for plasma temperature and

density profiles which may be typical of tokamak reactors, including the

current drive power in the plasma power balance.

In Section 4.2 we discuss the characteristics of first stability regime

equilibria and identify those features of the equilibria which we will

reproduce with the rf-current drive technique. Then the profile-averaged

fusion power balance is reviewed, and the reactor constraints, such as neutron

wall load, toroidal field strength, and global confinement times, are

presented. Next we deal with the current drive calculation itself and

describe several improvements to the previous work. In general there are two

types of results shown in this paper. In Section 4.3 we compute the value of

Y and infer the parameter dependence of current drive efficiency over a broad

range of reactor realizations. The second result of this study, in Section

4.4, is guidance towards the optimized design of first stability, rf-driven

reactors; in particular, the motivation for low aspect ratio or high

elongation is explored. In Section 4.5 we draw conclusions regarding the

viability of steady state rf-driven reactors operating in the first stability

regime and discuss various means to further improve the prospects for steady

state tokamaks.

4.2 Reactor Design Principles - Equilibrium, Power Balance, and Current Drive

The requirements for MHD equilibrium have been discussed in Reference 6,

and for convenience we summarize the equations here. In 3n axisymmetric

equilibrium the poloidal flux, i{i, is constant on nested toroidal surfaces,

and, in cylindrical coordinates, ifi(R,Z) is the solution to the Grad-Shafranov

equation:

= 2ir RuJt. (lb)
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(All units are SI in this chapter.) The kinetic pressure, p(i|i), and

diamagnetism, F(I|J) = RBt, may assume various functional forms in equilibrium,

but stable equilibria do not exist for arbitrary ---hoices of these functions.

Considerable theoretical and experimental effort has been expended to

learn how to maximize the ratio, 8 = 2up/B2, of kinetic pressure to magnetic

field pressure while maintaining stability. (In our notation subscripts t and

p refer to toroidal and poloidal components, respectively, and a bar refers to

the volume average. B is the vacuum field at the major radius, R_-^ Studies
(7 8)of ideal MHD stability have included surveys ' which examined solutions to

Equation (1) in a variety of plasma boundary shapes, parameterized typically

as

R = RQ + (RQ/A) cos (t + d sin t) (2a)

Z = K (Ro/A) sin t. (2b)

It is generally found for simple, nonindented boundaries (ellipses, Dees) that

the maximum stable 8 increases with elongation, K, and triangularity, d, and

decreases with aspect ratio, A. In addition, several studies^ *' have

examined the effect of p(0 and F(i|>) profiles on stability. We note, fro«

Equation (lb), that the shape of the toroidal current density, j t , ia

determined by these profiles, and thus the safety factor q(ip) is also related

to p(<Ji) and F(if>). In practice q(i|i) is constrained to be mono tonic (to avoid

double tearing modes), and the functional form of q(i|») or j is varied to

cover a range of plausible tokamak discharges. Considering the variety of

possible boundary shapes and profile forms, it is remarkable that in the first

stability regime there is a growing consensus that the maximum stable 8 is

just proportional to I and is a simple function of geometry. For a variety of
(a n\

pressure profiles and centrally peaked current density profiles, » ' the

maximum 8 appears to be only mildly sensitive to details of the p(<|f) and
shapes. It thus seems justified for our purposes to consider simple

functions for p and F, and we choose

~ a 1/2
F fl - « if F) • (4)
b
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The normalized flux function, $ - (tji - ^j^/d^g - 1f\?), is unity at the magnetic

axis (subscript a) and zero at the boundary (subscript b). At the boundary

the diamagnetism is the vacuum value, Fjj = RQBO.

The simple relationship for the maximum stable (3, referred to above, is

Cl CIA ,c.
6 * IT - ?T' (5)

where a = R Ik. The value of C is largest if only ballooning modes are

studied for stability; kink modes generally reduce C, although a close-fitting

conducting shell around the plasma improves kink stability. A review of the

theoretical predictions^*"*3) reveals a range of values C = 0.035 - 0.044,

when I is in MA and F, is in T-m in Equation (5). Experimental data^*» " '

(for inductively driven discharges) seem to yield values of C = 0.035 in the

absence of a close-fitting shell.

Since maximizing B in the first stability regime implies maximizing I,

the highest 0 will generally require the lowest safety factor. We have

selected qa = 1.0 and q^ = 2.0 as being reasonably optimistic lower limits at

the axis and plasma boundary, respectively. We note that for a given geometry

(A, K, d), pressure profile (ex), and qa value, the parameters 5 and ap in

Equation (4) may be adjusted to obtain the desired 3 and q^ values of the

equilibrium.' *'

The ratio of I/F^ varies with geometry, and, with the appropriate

combination of 6 and oc-p, we can find equilibria consistent with Equation

(5). Figure 4.2-1 shows our calculated results for 3 at various aspect

ratios, according to Equation (5). The upper curve is calculated with C =

0.044 and the lower with C =* 0.035. For comparison with Equation (5) an

independent formula*- ' ' for maximum 6 was also considered:

8 « C ' A " 1 ' 3 K 1 * 2 (1.0 + 1.5 d'^- 1- 1. (6)

C varies from 0.23 to 0.27, depending on the current profile. The

triangularity d is related to d1 by d = sin~M'/cos(sin""M'). Equation (6)

shows an explicit dependence on d which is not evident in Equation (5). How-

ever, as shown by the dashed line in Fig. 4.2-1, the g value predicted by
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0

Figure 4.2-1 First stability regime limits: solid curves - Troyon formula;

dashed curve - Bernard formula [Eq. (6)] with C = 0.27. In

all cases K = 1.6, d » 0.5, a • 1.4, qa * 1.0, qb = 2.0.

Insets display Jt(R,O).
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Equation (6) falls well within the range expected from Equation (5). The

actual equilibria chosen for detailed study are given by the triangles in the

figure and lie near the upper limits of B in the range indicated.

In a similar fashion, equilibria at maximum stable 6 were computed for

various elongations at a fixed aspect ratio. In order to achieve maximum 8,

it appears*0' that triangularity should increase with K, so we considered the

following correlated set of (K, d) values: (1.0, 0.0), (1.3, 0.25), (1.6,

0.5), and (2.0, 0.75). The range of predicted maximum 8 as well as the

specific values for our study are shown in Figure 2 for this set of

elongations.

The final equilibrium variable studied was the pressure profile width,

determined by a. For a = 1.4 and 2.0 we find little variation in the ratio

I/F, for a fixed geometry. Likewise, Equation (6) displays no explicit a

dependence. So we take g to be independent of a in our investigation of rf

current generation.

The toroidal equilibria used in this study are summarized in Table 4.2-

1. One noteworthy feature is the shape of Jt(R,O) which varies with 8. From

the insets in Figs. 4.2-1 and 4.2-2 we see j t has a simple peaked form at low

8, but it becomes broader with a mild central depression as 8 increases. This

central depression of j t is associated more with 8 than with geometry: ' a

similar sequence, for example, is associated with three equilibria in the

table at fixed geometry (A = 4.2, ic = 1.6) but different f$. Note also that

the diaraagnetic well depth, 5, increases with A. In fact, at a very low A^"'

equilibria become paramagnetic (6 < 0). The crux of our rf current drive

problem is to generate equilibria similar to those in the table. With a

finite number of rays we can closely duplicate the results from the model F(ifr)

function, in particular the important integral quantities characterizing these

first stability equilibria, viz., I/Fb, 8, qa, qb, well depth, and magnetic

axis shift.

The electron and ion densities and temperatures are expected to be major

determinants of PgD needed to generate a reactor equilibrium. These plasma

parameters are found using a profile-averaged, steady-state power balance as

found with the TRAC-II computer code. * ' The density and temperature

profiles of the j species are simple functions:
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TABLE 4.2-1
Equilibria Parameters

8

6

4

3

6

6

6

A

.0

.0

.5

.6

.0

.0

.0

K

1.6

1.6

1.6

1.6

1.0

1.3

2.0

0

0

0

0

0

0

0

d

.5

.5

.5

.5

.0

.25

.75

a

1.4

1.4

1.4

1.4

1.4

1.4

1.4

0

0.0298

0.0409

0.0582

0.0774

0.0191

0.0260

0.0633

2.0

2.0

2.0

2.0

2.0

2.0

2.0

aF

1.530

1.650

2.000

3.900

1.375

1.430

1.940

6

0.0506

0.0554

0.0525

0.0249

0.0272

0.0355

0.0772

I/FK (MA/T-m)

0.088

0.160

0.299

0.491

0.078

0.108

0.249

6.0 1.6 0.5 2.0 0.0409 2.0 2.868 0.0713 0.168

4.
4.

4.

2

2

2

I
1

1

.6

.6

.6

0.

0.

0.

5

5

5

1

1

1

.4

.4

.4

0

0

0

.0366

.0522

.0720

2

2

2

.4

.4

.4

5
1

1

.000

.777

.734

0

0

0

.0017

.0472

.1040

0

0

0

.297

.297

.296

Note: 1. All cases have monotonic q(i|») with q_ = 1.0.
2. In each case 6 is near the maximum first stability regime value,

except for the A = 4.2 equilibria.
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Figure 4.2-2 First stability regime limits; same as Fig. 1 except A * 6.0.
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n.(t|O = n. *an (7a)
J jo

T.(i|)) = T. ^ aT (7b)
J jo

The exponents are cons twined so a n + ctT = a, since the pressure is taken as

* ne($) [Tedj0 + Ti^ft)]. (8)

All ions have the same temperature, T-, but the average temperatures T and T-

may be adjusted with the appropriate choice of the electron and ion energy

confinement times, Tg and x-. The alpha particle density depends on the

particle confinement time, T ; the deuterium and tritium densities are equal,

and the average electron density, ne, and the effective ion charge, Zeff»

determined by charge neutrality with a small amount of impurities. Included

in the power balance are transport and radiation power losses as well as

auxiliary electron heating from the rf source.

The TRAC-II code accounts for constraints and yields parameters of

interest to the reactor designer. In most cases we set the sum of the inboard

vacuum-scrapeoff and blanket/shield dimensions to be A1^ + ^B/S * 1*23 m- In

a typical example the procedure is to first specify the equilibrium

parameters, the profile parameters, the desired fusion power, Pj, and the

neutron wall load, Wn. Then the confinement times, rf heating, and impurity

levels are adjusted to obtain the desired temperatures with Zeff = 1.5 and

about 3% alpha particle density. The computed outputs include: Ro, I, BQJ BM

(maximum field at the toroidal field coil), n e o, T e o, T^o, etc. The rf

heating need not be accurately known a priori, as it mostly affects xe but not

the species' densities and temperatures.

The quasilinear theory of rf current drive has matured over the past few

years to the extent that the local current drive formulas now include many

realistic factors such as ion charge greater than one, various wave

polarizations, transit time magnetic pumping (TTMP) as well as Landau damping,

nonzoro electric fields, and relativistic effects. A good compendium of

results Cor zero electric field (the pure steady state which we are

considering) is provided by Ref. 5, where, solving the adjoint current drive

problem, the authors formulate a general expression for the normalized current
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to power density ratio j/p . In our ray tracing calculation the local

parallel current density, jg, and rf power density, Prf» have the ratio

19.19 x I0 1 8 Te ~ ~
" inA n

e

where Tg is in keV units and InA is the Coulomb logarithm. The general

expression^ for j/p f is unnecessarily elaborate for our purposes, and we

use an approximate expression in the code:

• / ii_w_ . , . 12(6+Z) . _2D

where D = 3.76, Landau damping

8.09, TTV?

and w = o)/k|iv is tha parallel wave phase speed normalized to the electron

thermal speed, v = /T /m , assuming a narrow spectral width. Equation (10)

is plotted in Fig. 4.2-3 for Z = 1 and Z = 2, the range over which it is tnost

accurate. The upper curves (TTMP) and lower curves (Landau damping) may be

compared with several points evaluated and plotted in various limits of the

more exact adjoint solution. In the range w = 1 the TTMP curve is compared

with Fokker-Planck calculations at Z = 1.' ^ In our calculations we assume

current drive arises from the Landau mechanism, even though at high T e some

TTMP is expected. Also , the toroidal quasilinear theory^ ' assumes w ^ 1,

and, indeed, the ray tracing calculations confirm that the greatest

contributions to j i i (with single-pass Landau absorption) come from waves with

1 £ w £ 3. Since the reactors studied have T £ 30 keV, we note that

relativistic effects are negligible. For the range of parameters encountered

in thi8 study, Equation (10) appears to agree with the adjoint solution within

~ IO£ and provides a convenient formulation for the ray tracing code.

In the actual ray tracing calculation the ray path is determined assuming

half the ions are deuterium and half are tritium; ion impurities are

considered to have negligible effects on propagation and damping for angular

frequencies much in excess of the fundamental ion cyclotron frequencies,

<i)>>S2p, Jlj,. The Zgff from the power balance calculation is however retained in

the current drive computation, where **• has a strong influence. The high
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frequency fast wave (U>>J2JJ) is used to achieve current drive near the magnetic

axis, where the lower hybrid wave may not be accessible, while the lower

hybrid wave, with its slower group velocity, is ideally suited to driving

current near the plasma periphery. Thus waves with a combination of

polarizations, frequencies, and parallel phase speeds, c/n^, are launched into

the plasma. The waves are non-interacting and are individually taken to have

narrow spectral width and weak (linear) damping. A raised, quasilinear

plateau hence is not created in the electron velocity distribution. Despite

the weak damping, wave absorption can generally be arranged with a single pass

through the plasma. The waves are launched at the outboard midplane location,

and we find there is typically a short distance of evanescence before modes

propagate. Antenna coupling is not part of the present investigation.

4.3 RF-Generated Equilibria

It will be instructive to illustrate our procedure in some detail, and we

choose as our example the equilibrium having 8 = 0.0409 with A = 6.0, < = 1.6,

d = 0.5, and ct = 1.4. Using the appropriate o p and 6 from Table 4.2-1, the

model F(i!»),' Equation (4), is used in the TRAC-II power balance. For

definitentss, we consider a reactor with Pj = 1330 MW, W n = 3.5 MW/m , â , = a

= 0.7, Tg = 18 keV, T^ = 11 keV, Z e f f = 1.5, and we predict steady state

operation will require a heat input of Pgn = 220 MW. We find that this

reactor has RQ = 5.68 m, BQ = 9.31 T, BJJ = 15.1 T, I =* 8.46 MA, n = 2.37 x

lO2^ nT-', nD = 0.985 x 10 m~^j a nd needs confinement times xe = 1.4 s and x D

= 0.32 9. These densities and temperatures, and Ro and Fj, = ROBO, define the

plasma into which the rays are launched. (We retain three significant figures

in this paper for comparison purposes, but the model cannot be considered that

accurate.)

The safety factor and Jt(R,O) for this reactor are shown in Fig. 4.3-1.

The ray tracing code computes the quantity

2 = £ [j,/PrfB]m <prf>m (11)

whera < > denotes the flux surface average. The quantity in brackets is given

by Equation (9), evaluated at the location where each ray crosses iji, and the
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sum is over all the rays. The function G is important to the equilibrium

problem, because it determines the diamagnetism' ' through the equation

G
+ 2*

The function G(IJJ) needed to obtain the model F(t|>) for this example equilibrium

is also shown in Fig. 4.3-1; we need to find a wave power spectrum which

closely matches this G(i|»).

Our approach at this point is one of trial and error. Several fast wave

frequencies are selected (e.g., f = 3.0, 0.9, 0.6 GHz), and for each

frequency, a range of nu values are examined. Generally waves with the lowest

frequency and nfl penetrate closest to the magnetic axis. Likewise, the lower

hybrid mode is launched (f • 6.0 GHz) at a variety of n.. values; accessibility

limits this wave to the outer, low density plasma region. A set of modes is

selected and the input power to each mode is chosen such that the function in

Equation (11) approximates the desired G(i{i) for our equilibrium. To test the

accuracy of the chosen spectra, the ray-tracing and equilibrium calculations

are iterated in the code until the uumerical solution for F(I|I) converges.

The acceptance criterion for reproducing the first stability equilibria is

that the converged solution duplicate within ± 2% the four parameters: q ,

q, , 6, and I (or, equivalently, I/F, ). In addition, acceptable solutions are

required to be monotonic in q(i|/). Figure 4.3-2 shows a converged solution

which meets the acceptance criterion for our example. It is composed of six

lower hybrid waves (carrying 16 MW), damped near the surface (iji « 0), and four

fast waves (with 277 MM) driving the bulk of the current. Since the total

power is PQQ = 293 MW, the current-drive figure of merit for this reactor,

with ne = 2.37 x 10
2 0 m~3, RQ = 5.68 m, and I = 8.46 MA, is y = 0.389.

We need to estimate the accuracy of the calculated y. In the first place

we note that the solution is not unique. There are many combinations of

slightly different frequencies and n|j which can duplicate the equilibrium

parameters to the chosen accuracy. For example, we found y varied by 2.6%

with two qualitatively different ray combinations for this same equilibrium.

In the second place we note that the numerical value of G in Equation (11) is

smoothed in the code' by averaging G at each point over a small fraction of
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Figure 4.3-1 Example initial equilibrium with B • 0.0409, I 3 8.46 MA, qfl -

1.00, qfa » 1.98; RQ - 5.68m, A - 6.0, K * 1.6, d • 0.5, a -

1.4. This equilibrium was generated with a^ * 1.65 and 6 =

0.0554 in Eq. (4). Functions displayed

are G(iji) - <j B>/<B2>, Jt(R,O), and the safety factor, q(R,O).
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Figure 4.3-2 Final, converged, rf-generated equilibrium with 3 = 0.0404, I *

8.61 MA, qa - 1.00, q], - 1.95. The dotted lines are the

cumulative contributions to G; the six rays near the

edge (ty = 0) are 6.0 GHz lower hybrid waves with n(| =* 1.7-4.0

and a total power of 16.1 MW, while the East waves, damped in

the interior, range from 3.0 GHz to 0.6 GHz with a^ = 3.0-1.3

and an aggregate power of 276.6 MW. The solid curve in G is

the total contributions from all rays, slightly smoothed to

average out small scale structure.



the neighboring values, in order to represent current transport effects not

included In the model. In Ref. 6 it was necessary to average over 20X of the

total points, but now, with many rays in the spectrum, convergence is reliably

achieved with less averaging. We average over 10% of the points for all the y

values reported. A third issue is.the number of rays in the calculation.

This same equilibrium was calculated with both ten rays and thirty rays. The

inclusion of more rays has little benefit in matching qa, qj,, 1, and 6, but it

does increase the code's running time. Apparently, more rays would be needed

only if more detailed duplication of an equilibrium were desired (for example,

dq/dt// at the boundary). Increasing the number of rays has a negligible effect

on y. Roughly, we estimate that y values can vary by ± 5Z, mainly due to the

arbitrariness in selecting the ray spectrum. This inaccuracy is in addition

to the error introduced by using Equation (10) as an approximation to j/p .

4.3.1 Electron Density

A major result of the quasilinear theory, embodied in Equation (9), is

that, for a given rf power, the generated current varies inversely with

electron density, and there is ample experimental support for such a rela-

tionship. For this reason, y ~ n RO*/*"CD could be expected to remain constant

as ng is varied. In order to test this hypothesis we selected an INTOR-sized

reactor (RQ = 4.9 m, I = 8.0 MA, A = 4.2, K * 1.6, BQ = 5.5 T) and varied ne

while holding the other parameters constant (Te =* 20 keV, Tj = 10 keV). As

density is varied at constant temperature and field strength, the value of 8

varies proportionally, and we consider the three A = 4.2 equilibria in Table

4.2-1. (This is our only survey in which equilibria are not all at the first

stability limit.) With 5e/10
20 m~3 = 0.7, 1.0, and 1.4, the neutron wall load

is respectively 0.35, 0.73, and 1.37 MW/m , representing quarter, half, and

full power operation (although the highest 0 equilibrium significantly exceeds

the first stability limit when I = 8.0 MA).

For this range of n , y was computed, including two different wave
_ 20 —3

spectra at ne = 0.7 x 10 m , and the results are displayed in Fig. 4.3-3.

We find y increases slightly with n , but, as we shall see below, this is

related to the increase in 8. The A = 4.2 equilibria show the same jt(R,O)

broadening at higher 8 as is depicted by the sequence of insets in Figs. 4.2-1

and 4.2-2. This broadening of j c at high 8 was seen previously* ' to raise

the value of y.
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4.3.2 Major Radius

Simple analysis of Equation (9) suggests Pgjj « IRO> and to test thia four

reactor sizes were examined, ranging from RQ = 3.0 m to RQ = 7.0 m. The

equilibrium was kept constant (the case with A = 4.5, 3 = 0.0582 in Table 4.2-

1). The temperatures and profiles were fixed (T = 18 keV, T£ * 12 keV, oeT •

0.3), but BQ, I, and n were varied in order to maintain a constant wall

load, tfn = 3.5 MW/ra
2, for all reactors. The results in Fig. 4.3-4 show that

PCD is quite linear in n R I as R is varied over more than a factor of two.

The linear regression curve in the figure has an inverse slope y = 0.418 and

passes close to the origin. The value of y = 0.418 falls slightly below the

curve in Fig. 4.3-3 at 8 ' 0.0582, and this may be due to the lower T value

in Fig. 4.3-4.

4.3.3 Electron Temperature

The electron temperature dependence in Equation (9) does not seem simple

because j/p depends on the parameter w. However, linear Landau damping is

strongest, leading to significant heating and current drive, only

for 1 <, w £ 3. In this range we find j/p , is approximately constant, and

under these circumstances we would expect y « T

e.

In order to explore the T effect on y, we studied five reactors for

which f varied from 10 keV to 30 keV. We held the reactor size constant (Ro

= 5.68 m, A = 6.0, < = 1.6) and fixed the density, ion temperature, and fusion

power (ne = 2.3xl0
20 nf3, T\= 11 keV, Pf = 1330 MW). The field strength, Bo,

and current, I, are the only parameters besides T which are varied in this

sequence, and this is done in order to keep 0 constant (at 0.0409) for all

reactors. The results for Y^Te)» with ng, Ro, and $ constant, are plotted in

Fig. 4.3-5. Although y varies almost linearly with T we should be careful

extrapolating to values below Tfi = 10 keV. In present-day lower hybrid

experiments at T - 1 keV it appears that waves with w > 6 can be strongly

absorbed and drive significant current in spite of the very weak damping pre-

dicted by linear theory. Reference to Fig. 4.2-3 shows these waves

create j/p much larger than the waves at 1 £ w £ 3. Hence, the curve in

Figure 4-3-5 may underestimate the true value of y, especially at low T .

4-17



CURVE : 7 = 0.349 + 1.59)3

O 0.2 0.4 0.6 0.8 1.0 1.2 1.4

n9 , lO
zom~3

O 0.01 0.02 0.03 0.04 0.05 0.06 0.07

Figure 4.3-3 Current drive efficiency versus electron density with other

parameters fixed; RQ = 4.90ra, I =• 8.0MA, A - 4.2, ic - 1.6, a »

1 . 4 , B 5.5T, Z e f f
1.5, a 0.7, 20keV,

T.
l

10 keV.

4-18



400

300

o
o

200

CURVE INVERSE SLOPE

Y = 0.418

1
100 I2O 140

IoRone ( l02 0MA-m/m3 )

160 180

L
5

R

Figure 4.3-4 Current drive power versus major radius; 0t = 0.0582, A = 4.5,

< - 1.6, a = 1.4, Z e f f

12keV, Wn 3.5 MW/m
2.

1.5, a » 1 .1 , f 18keV, T. =

4-19



0.6

0.5

0.4

0.3 —

0.2 —

0.1 I—

J

j

l

\

\ i

CURVE:

1 1

1

r =

I

1 !

0.04472

1 1

1

nfO.767
•e

1

—

1 I
10 12 14 16 18 20 22 24 26 28 30

f8 , KeV

Figure 4.3-5 Current drive efficiency versus electron temperature; R

5.68ro, 3t = 0.0409, A * 6.0, ic - 1.6, a * 1.4, Z ff * 1.5, o n

1.1, n * 2.3 x 10 2 0 m~3, T.
"eff

llkeV, W - 3.5 MW/M2.

4-20



4.3.4 Z c f f

Since Landau damping is strongest for 1 <, w •$ 3 where j/p is nearly

constant, we might estimate the effect of impurities on current drive by

evaluating Equation (10) at w = 2 for different Z values. Doing this for Z =

1.0, 1.5, and 2.0, we find j/p in the ratio 1:0.859:0.767. For comparison,

we computed y for the snme equilibrium (A = 6.0, K = 1.6, 6 " 0.0409, I * 8.13
— — 20 —3

MA) and plasma parameters (T = 18 keV, n g = 2.3 x 10 m , B • 8.94 T) but

for different Z e f f. The results, given in Table 4.3-1, have y in the ratio

1:0.856:0.772, in good agreement with the estimate.

4.3.5 Temperature and Density Profiles

Three reactors with the same equilibrium (A = 6.0, K » 1.6, B =* 0.0409)

and pressure profile (a " 1.4) were studied with varying temperature and

density profiles. The size, RQ = 5.68 m, and wall load, W n = 3.5 MW/a , were

held constant with T = 18 keV, and T.= 11 keV, which required adjusting B

and ng for each reactor. The three cases (with a * 1.4 and Zej£ = 1.5) are

included in Table 4.3-1, where we see that peaked density and broad

temperature is slightly better (higher y) for this first stability regime

equilibrium.

With regard to plasma profiles we considered whether current generation

efficiency should be referenced to the peak electron density rather than the

average value. Such a measure of efficiency, Y'~n
eo^o^/Pc0» is of course an

acceptable parameter, but is much more sensitive to variations in temperature

and density profiles than is y. For simplicity, then, it appears more

practical to use Y as the figure of merit.

4.3.6 Pressure Profile

Two values of tx were considered while the geometry (A 3 6.0, K " 1.6, (3 •

0.0409), reactor size, R6 - 5.68m, wall load, W n = 3.5 MW/m2, and

temperature, T = 13 keV, f- - 11 keV, were held constant. Table 4.3-1

shows that y is almost independent of o for thes« two cases (with an/aj = 1.0

and Z g f f = 1.5).
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TABLE 4.3-1
Current Drive Sensitivity To Iapurity Content,

Plaau Profiles, And Ion Temperature

a

1.

I.

1.

1.

1.

4

4

4

4

4

a /aT

3.7

3.7

3.7

1.0

0.27

z

1.

1.

2.

1.

1.

iff

0

5

0

5

5

T4 (keV)

11.7

11.7

11.7

10.8

11.1

nfl (10
20 m-3)

2.30

2.30

2.30

2.37

2.59

I (MA)

8.17

8.02

8.18

8.61

8.58

PCD (MW)

229.

263.

298.

293.

365.

Y

0.465

0.398

0.359

0.396

0.346

2.0 1.0 1.5 11.5 1.89 8.58 230. 0.400

1

1

.4

.4

3.

3.

7

7

1

1

.5

.5

17.

24.

9

7

1.64

1.39

7

7

.58

.86

182.

170.

0.389

0.364

Note: All cases have A = 6.0, K = 1.6, B * 0.0409, RQ

and Tg = 18.0 keV.
5.68 n,
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4.3.7 Ion Temperature

Also in Table 4.3-1 are three similar reactor designs (on =• l.l, a T «

0.3, Z ee » 1.5) at T = 18 keV but different T.. As f. more than doubles
err e i i

from 11.7 keV to 24.7 keV we find an insignificant (~ 9%) decrease in Y- The

insensitivity of y to T. is expected as current drive is independent of ion

temperature and the ray trajectories are only slightly affected by T..

However, at even higher T. we expect high harmonic ion cyclotron damping can

become a large power loss, especially for the lowest frequency waves, which

are needed to drive current near the hot central plasma region.* '

4.3.8 Aspect Ratio

One obvious route to high g in the first stability regime is to design

for low A, as shown in Table 4.2-1. For the four aspect ratios with ic * 1.6

and qb = 2.0 we computed y holding Tg = 18 keV, T^ = 12 keV, an = 1.1, a T *

0.3, and Z g f f = 1.5 fixed. Requiring the wall load, Wn - 3.5 MW/m , and

fusion power, Pf = 1330 MW, to remain the same in all cases forces R , ng, B ,

and I to vary. The values of y a r e plotted in Fig. 4.3-6 along with a fit to

these points for y as a linear function of f$. We see the curve for y is

similar to that fitted in Fig. 4.3-3 to the ne variation; the intercept and

slope of the curve in Fig. 4.3-6 are slightly lower, and this could be

attributed to the lower T in the aspect ratio series. On the other hand,

there may be a slight tendancy for y to level off at the highest 8 values in

Fig. 4.3-6. We found for the two cases at {5 = 0.077 that waves at f - 0.3 GHr

are needed to generate current near the magnetic axis. These waves, just

above the sixth deuterium harmonic, lose a few megawatts of power to deuterium

heatLng (TjQ » 15.1 keV). This of course reduces y slightly compared to pure

electron heating.

4.3.9 Elongation

An alternative approach to first regime high beta is vertical elongation

of the plasma. As with the aspect ratio variation, we calculated y at fixed

plasma conditions with Wn = 3.5 MW/m
2 and Pf = 1330 MW but for four values of

K (at A = 6.0). The results, in Fig. 4.3-7, show a strong correlation when y

is plotted vs. g. The intercept and slope of the best linear fit to y(B)
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differ somewhat from the curves in Figs. 4.3-3 and 4.3-6, although there is

substantial agreement over the range 0.03 < 0 < 0.06.

4.3.10 Composite Current Drive Efficiency

All nineteen calculations of y for fixed profiles, a * 1»4, a = 1.1,

fixed T. = 12 keV, and Z g f f =1.5 (the data points in Figs. 4.3-3 - 4.3-7) can

be plotted on a common graph. The result. Fig. 4.3-8 shows the increase of y

with Tfl and with B. We repeat the caution that these results are not valid

for T < 10 keV. The S dependence of y may be slower than linear. The

scatter of points is so large, however, that only a linear fit is appropriate.

We should be careful not to extrapolate these results to higher 0-

A curve which well fits the calculations is, for Zefj * 1»5,

0 77
Y = (T /keV) ' [0.034 + 0.196 0], (12)

and this function will be used in the reactor optimization in the next

section. It might be argued that only the uppermost values of y in Fig. 4.3-3

should be used to estimate the magnitude of y. After all, reactor engineers

will surely design the rf system to get the highest possible current drive

performance, tailoring the wave spectra to use the highest phase speed

waves. On the other hand, perfectly tailored spectra may be difficult to

create in practice, and we also note that the spread of points in Fig. 4.3-8

is within 101 oE the curve. This set of calculations was intended to generate

tokamak equilibria without special attention to maximizing y in each case.

Thus, we feel Equation (12) is reasonably representative of achievable y

values for a reactor.

4.4 First Stability Regime Reactors with Fast Wave Current Drive

As a near-term application of rf current drive, an experimental tokamak

reactor could be operated in a steady state. We considered INTOR'*' operating

at an elevated electron temperature, Te = 20 keV (in order to increase the

value of y). The basic parameters of this tokamak were those used in Section

4.3.1. The major issue concerning steady state operation is the large amount

of rf power needed for current drive at high density. For this reason we

calculated P-,_ over a range of densities, varying n from 0.7 x 10 m to
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1.4 x 10 " m . At the highest density, with T. = 10 keV, the neutron wall

load meets the INTOR specifications; however, this full power operating point

requires Pc~ = 113 MW, which exceeds the power level needed for auxiliary

heating »"o ignition. In contrast, at half this density, which corresponds to

one-quarter of the fusion power, we find PpD = 66 MW, which is close to the

planned rf power installation for auxiliary heating. If the same rf hardware

could be used for both heating and current drive then no significant

additional capital costs would be incurred to demonstrate steady state

operation. While quarter-power operation brings the wall load down to W =

0.35 MW/m , which is one fourth of the reference full-power loading, rf

current drive permits 100% duty factor compared to ~ 652 predicted for pulsed

operation. Moreover, rf current drive may greatly reduce the number of full-

power fusion pulses and poloidal coil cycles, which could lead to higher

availability, lower cost, and/or longer life. ' OJ

Let us next consider current drive at a moderate wall load (Wn = 3.5

MW/m ) in four different size reactors. We fix the geometry (A = 4.5, ic **

1.6), plasma temperatures, and profiles; the fusion power varies from 511 MW

to 2570 MW as R increases from 3.0 ra to 7.0 m. (These four reactors

correspond approximately to those plotted in Fig. 4.3-4, except we now use

Equation (12) in computing ?£!>•) We wish to assess the "economy of scale",

whereby fusion reactors become economically more attractive at larger sizes.

In order to evaluate the reactor power balance, we must postulate the

performance of reactor subsystems. Assuming liquid lithium coolant is

employed in a high temperature blanket we allow a thermal to electric

conversion efficiency of n t h = 0.42. Note, at very high magnetic

fields (B £ 9T, B £ 12 T) it will be necessary to employ insulated coatings
o M

inside the coolant channels to avoid excessive pressure drops in liquid metal

coolants. If the inboard blanket/shield has a thickness A1gfg * 1.13 m we

believe the blanket can provide a neutron energy multiplication M = 1.3. An

electric-to-rf efficiency of the current drive hardware might typically be tigp

= 0.55. An exception among the four reactors is the smallest one, at Ro = 3.0

m. This compact device is viewed as a near-term machine with water coolant at

Ijjj = 0.36, and, to keep B^ reasonable, the inboard blanket is kept very thin
(Al

D/c
 = 0.56 m) and M = 1.0. The reactor thermal power is computed as P., =D/o r r tn

(0.8 M + 0.2) ?c + PCD, the gross electric power is P = T\ . P . , the net
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electric power is P = P - P.,, ri-,,,"1 - 0.01 P., , and we also calculate a
net g 00 *->" en

commonly used figure of merit, Q = ^f^CD*

The trends are graphed in Fig. 4.4-1. One "benefit" of rf current drive

is the large external heat input in ;he electron power balance. For example,

at R = 5.0 m the required electron energy confinement time is x = 1.0 8,

this modest value being due to the large P C D = 270 MW (which approximately

equals the alpha particle heating in this reactor). The current, I, increases

with RQ while ne decreases; the net result for P ^ ~ SeRoI is that P^p

increases nearly linearly with RQ. As expected, Pf and Pg increase with RQ.

Let us consider for a moment the largest reactor depicted. At Ro = 7.0 m this

is typical of a STARFIKE class commercial reactor.'^ The required P C D = 408

MW is prohibitive in terms of direct capital cost of the rf system. Also, the

net power, Pngt = 784 MW, is considerably less than for STARFIRE, despite

similar fusion power production. The reason this first stability regime

reactor falls short of the STARFIRE performance is traceable to the MHD

equilibrium parameters. First, according to Equation (5), the STARFIRE

reactor would require I £ 17 MA to achieve its reference 6, whereas only I =

10 MA was actually generated. The second, related reason for the P^p

discrepancy is that the STARFIRE designers carefully selected a j t profile

which is hollow in the center. Thus, most of j t was generated in the low

density surface region, leading to a higher y. Hence, we conclude that first

regime equilibria, typical of inductively-driven experiments and having a high

current requirement as given in Equation (5), are a strong constraint which

may limit the economic appeal of steady state reactors.

The economy of scale is a real effect. From Fig. 4.4-1 we find Pne^

drops quickly at lower RQ. Below RQ = 5.0 m the net power is a small fraction

of the gross power. For Pnej- less than a few hundred megawatts the economic

attraction of fusion diminishes due to the large capital investment in the

reactor plant. Moreover, at R = 3.0m the low beta of the first regime

equilibrium is such that, even with a thin blanket, the toroidal field maximum

is very high, Bj^ - 14 T. At this extreme, with water coolant and no neutron

energy multiplication, it is not possible to generate net power. Such a

compact reactor has little commercial appeal except as a moderate flux neutron

source.
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An obvious technique to raise Q is to operate at a very high T , as

suggested by Fig. 4.3-5. For the five reactors plotted in that figure, all

with P = 800 MW, we found Q increases from 3.5 to 6.0 and P increases from

135 MW to 366 MW as Tg increases from 10 keV to 30 keV. Of course, if B, Tj

and the plasma density are held fixed, as in Section 4.3.3, the magnetic field

must increase to accomodate the increase in T For the reactors in Section
— e.

4.3.3 we found B,̂  = 12.3 T at Tg = 10 keV while B̂ j = 17.4 T at T g »30 keV,

which represents roughly a two-fold increase in the costly toroidal field coil

assembly. An additional concern for high T operation is the increase in the

required Tg for power balance. The cases in Section 4.3.3 need

unrealistically large Te (~ 15 8 at I = 30 keV) at high T because the ion

temperature was depressed and held constant at T£ =» 11 keV for the series of y

calculations. On the other hand, if T^ can be a few seconds, we

find T. > T , and the ion-electron collisions considerably relax the electron

energy confinement requirement. Also, operating with T. close to T minimizes
I e

the required toroidal field strength. For example, if the reactor in Section

4.3.3 were operated with f = 18 keV and f. = 25 keV it would produce P = 765

MW and P t = 434 MW with Q = 7.7, even allowing for some degredation of y

with T. (see Table 4.3-1). The confinement times, T = 0.29 s and x- = 2.8 s,

are reasonable, and the relatively small size, R = 5.68 tn, might wake this

appealing as a first generation commercial reactor. The maximum field, B^ =

13.8 T, is still large.

One route to higher first regime beta is lower aspect ratio, and the

trends versus aspect ratio are displayed in Fig. 4.4-2 for reactors with W n =

3.5 MW/m2 and P^ = 1330 MW. We see By is reduced as A decreases. The aspect

ratio which minimizes B M depends on the inboard blanket/shield/vacuum

dimensions. There may be difficulties designing reactors at A < 3.6. For the

moderate size reactor in Fig. 4.3-10 with Pg = 805 MW we find Ro * 4.49 m at A

= 3.6, and with A^/g =* 1.13 m the central hole in the tokamak is already

quite small (less than ~ 2 m diameter). Smaller A could be achieved'*°' with

a thinner blanket/shield, but this might reduce M and could possibly prevent

the use of superconducting toroidal coils. An important conclusion from Fig.

4.4-2 is that rf current drive is insensitive to aspect ratio, mainly due to

the offsetting variations of ne, Ro, and I with A. To lowest-order, then,

P and Q are independent of A.
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The final illustration, Fig. 4.4-3, displays reactor performance at

different elongations. The principal benefit of increasing tc is that the

value of B M is greatly reduced: the circular (K = 1) reactor requires maximum

fields over 20 T, but B M = 12.2 T at < = 2. As with the aspect ratio

variation, we see that P^p is remarkably independent of K when W n and Pf are

held constant. These trends would seem to argue for high elongation when

designing first stability regime reactors. There are, of course, many other

considerations which may limit the elongation, including vertical instability

(axisymmetric mode), equilibrium field coil design, and disruption damage

associated with large I.

4.5 Conclusions

A major result of our study is the strong electron temperature dependence

of current drive efficiency in the reactor range (T > 10 keV), assuming

linear Landau damping accurately describes wave absorption. In addition, a

slow increase of y with 6 appears for first stability regime equilibria, a

result which is connected with the changing shape of the current density

profile. Also, by varying R and n independently we confirmed the linear

relationship of 1/Pfjn t o these variables. The influence of density and

temperature profiles and of the ion temperature are small, and we find

Equation (12) well represents the value of y for the reactor parameter

range. For Ze££ f 1.5 the value of y will change in the ratio approximately

given by evaluating Equation (10) at w = 2. All our detailed equilibrium

calculations yield y within ~ 10% of this universal curve, Equation (12), and

such a simple equation should thus be useful for systems studies which attempt

to optimize reactor design with zero-dimensional models. It may be desirable,

however, for a specific reactor point design to repeat the ray tracing/current

drive calculation with an emphasis on maximizing y by a careful selection of

the rf power spectrum.

In our reactor design work we concluded that Q for a steady state reactor

increases with Ro
 a n d pf' There is a minimum size at R U n needed to

produce net electric power, while at RQ = 7.0 m the net power is about half

the gross power. Designs at low A and high K reduce the magnetic field

requirement for a fixed reactor power and wall load without having any effect

on Q and ?net- Finally, operating at high Tfi with T\ i T& increases Q; the
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penalty of high temperature operation is that BM must increase. Our

investigation found reactors with Pnet > 1/2 P and B M i 12 T, without

attempting a completely optimized design, which is a more ambitious project

involving many other considerations. The values of y are ~ 0.4, which is

adequately high to make a first regime steady state reactor marginally

competitive with pulsed reactors. '

Small increases of -{ will return large improvements in the reactor power

balance. For this reason we should continue to studyv means of improving rf

current drive. Thus, if the anomalously large wave absorption (at w>6) in

today's experiments continues into the range with T > 10 keV, we might

achieve larger values of j/p by employing fastar waves with ni i + 1. Of
(19)course, "free" current drive provided by the bootstrap effect would also

be a desirable achievement. Experimental confirmation of electron transit

time magnetic pumping would give us confidence that the larger value

of j/p . could be used in Equation (10). On the other hand, we must account

for detrimental effects like non-thermal alpha particle damping of the

launched waves. Thus, other waves (e.g., electron cyclotron or fast waves at

(o ~ 2,5 J20^0)) couirl be selected, especially to drive current near the

magnetic axis where the alpha problem is most severe. Perhaps the greatest

benefits are to be gained if reactors can operate beyond the first stability

regime. We reiterate that all our results in this study are based on the

strong relationship between I and 8, given by Equation (5). The promise of a

second stability equilibrium is not only smaller magnetic fields, but also

lower current and a much reduced VQQ. Possibly, successful steady state

current drive will free us from the bounds of inductively driven discharges

and provide the opportunity to do better than the first stability limit.
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5 . 0 SECOffl) STABILITY REGIME EQDILIBKIA

5.1 Plasma MHD Considerations

The work described in this section is the preliminary part of a longer

study to determine the viability of second stability regime, high beta

equilibria for a tokaraak reactor. During the period covered by this report, a

number of tools, predominately computer programs, have been developed,

debugged, and tested to aid in the subsequent investigation. These will be

described in this section, and the preliminary information from them will be

presented. It should be emphasized that this information is truly preliminary

and may change as the many conflicting aspects of the problem are understood

and tied together.

As stated in the previous TPSS report, ' there is a fair amount of

theoretical evidence, though no experimental verification, of a second regime

of stability at higher values of beta than the stability limits of current

devices. This regime favors moderate aspect ratio and possibly lower plasma

currents, both favorable features for a reactor, to say nothing of the

advantages of the higher beta itself. There is sufficient support for the

existence of this regime to use it as a basis for an innovative reactor design

such as TPSS. However, achieving a second-stability equilibrium in practice

appears to present several problems, the most notable of which are the

difficulty of suppressing external kinks and the possible necessity for

indentation of the inboard edge of the plasma. The former most likely

requires a large amount of conducting structure near the plasma, and the

latter would require large coils in the inconvenient inboard-midplane region

of the device.

5.1.1 MHD Equilibrium Codes

The MHD equilibria used in the work described in the previous TPSS

report'^ were calculated at the Princeton Plasma Physics Laboratory. They

were tested for stability to low-n and ballooning modes. It was found

difficult, however, to get new equilibria as the occasion arose, and often

needed parameters for the equilibria in hand were not easy to dete-mine. It

was decided to obtain a copy of the Princeton adaptive-grid equilibrium code
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in order to reproduce the equilibria and to calculate ourselves required

parameters that were not available. The code was supplied by J. Manickam, who

was instrumental in explaining its usage. In the process of benchmarking the

code against the Argonne fixed-grid equilibrium code, however, it was found

that there were discrepancies. These were traced to errors in the Princeton

code that, among other things, substantially overestimated the beta of the

equilibrium. Even with these errors corrected, there was difficulty matching

equilibria from the two codes. A large amount of time was spent studying the

adaptive-grid code, and it was finally concluded that the dissimilarities were

due to the nature of the method and that they could be eliminated by using

sufficiently small grid spacings. That is, they were not due to errors.

Since the Princeton stability codes require input from the equilibrium in the

form supplied by the adaptive-grid code, and since the code performs q-

conserving calculations which the Argonne code does not, it was decided the

code should be used but checked by refining the grid in important cases.

Executable modules of the PEST-II and ballooning codes, but not the

sources, were also obtained from Princeton so that we could make stability

runs for the equilibria. After the equilibrium code was changed, it was found

the original, Princeton equilibria were no longer stable.

5.1.2 Argonne Reactor Design Codes

A schematic diagram of the codes used at Argonne for the plasma-related

aspects of reactor design is shown in Fig. 5.1-1. The MHO equilibrium code,

PSI, the reactor analysis code, TRAC-II, and the poloidal coil design code,

EFC, have been in place for some time and were used in their earlier versions

for STARFIRE. The RIP code was developed to calculate rf-ray propagation in

an MHD equilibrium consistently, and the results from it are presented in

Chapter 4. It combines the MHD code, PSI, along with the Princeton ray

tracing code, written by D. Ignat^) and called IGNAT here. The equilibrium

code, PSI, also calculates equilibrium information for the TRAC code and for

the EFC code. It, unfortunately, is not connected to stability

calculations. The Princeton adaptive-grid code, called CHI in its Argonne

form, is connected to the stability calculations but originally could not

produce the required information for the TRAC and EFC codes.
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As part of the work this year, interfaces for the TRAC and RIP codes with

CHI were developed and are now working. Moreover, increased capability for

the CHI code, in the form of graphics and additional information, has been

added. More importantly, it has been found that the PSI code can read a file

with information about the diamagnetic function, F(̂ ») * RBt> and reproduce an

equilibrium calculated by CHI. This means that all the information needed by

all of the codes can now be supplied in one or more ways, as indicated by the

solid arrows in Fig. 5.1-1.

5.1.3 Preliminary Equilibrium Calculations

A number of equilibrium calculations have been made using our version of

the adaptive-grid code, CHI. All of these have had the TPSS parameters: major

radius, RQ = 6 m; aspect ratio, A » 6, and toroidal field on axis, B t o
 x 5T.

The equilibria were D-shaped with triangularity, d x .25, and elongation, ic *

1.3, 1.6, or 2.0. The calculations were q-specifying with various values of

q(Axis) and q(Boundary) and a relatively broad q profile.

Three pressure profile shapes have been used with the following

characteristics:

A. Profile from original Princeton equilibria:

Broad *

d(p)/d(tp) #' 0 at the limiter

J, * 0 at the limiter

6 to .25 for K * 2 and to .11 for K » 1.3

Kink stable with wall at 1.5 radii, not ballooning stable

B. Suggested profile from J. Manickaa and A. Todd:

Broad

d(p)/d(ij>) * 0 at the limiter

J. * 0 at the limiter

3 to .23 for K » 2 and to .12 for K » 1.3

Many unstable kink modes, some are ballooning stable

C. Broad profile that is low near the edge:

d(p)/d(ijO = 0 at the limiter
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J. " 0 at the limiter

B to .86 for < = 2 and to .35 for K = 1.3 (with lower q)

Rink and ballooning unstable

Ballooning instability goes away with higher q^_^_, but beta also
3X1 S

decreases

Plots of interesting parameters for examples of these three types of

equilibria are shown in Figs. 5.1-3 - 5.1-5. One of the problems with

calculating equilibria by specifying q(ij>) and p(iji) instead of the more direct

method of specifying F(i/») and p(i/») is that one does not know J. beforehand and

hence cannot require it to be zero. We believe that equilibria with step-

function currents at the edge, such as those of types A and B, are not

realistic even though they readily give rise to high beta, so some means must

be found to bring the current down at the edge while retaining the high-beta

character of the equilibria. One means of doing this is to choose p( + ) so

that d(p)/d(#) " 0 near the limiter, as is the case for profiles of type C.

Figure 5.1-6 shows a functional form for the profile that satisfies this

criterion and has various half widths. The type-C profile (a » B = 5) is the

broadest one of these that allows the CHI code to converge with a reasonable

grid spacing. As will be seen, the low pressure gradient is also beneficial

for reducing the scrapeoff region at the inboard midplane.

I
All of these equilibria have I what can be described as skin currents,

compared to the centrally-peaked profiles of first-stability-regime

equilibria. This has the advantage of requiring lower current for the same

beta. The net toroidal current density is a small difference obtained by

subtracting the pressure and diamagnetic function, F, contributions, shown in

Figs. 5.1-3 - 5.1-5, to the current. This is especially true on the inboard

edge. The equilibria may hence be sensitive and hard to obtain in a real

device.

It should be reemphasized that these are preliminary choices of

parameters. The lack of stability should not be considered a problem as we

have devoted insufficient time to looking at the stability of these types of

equilibria. We have, however, looked at a number of broad pressure profiles

and reasonable q profiles. Equilibrium limits to the upper limit of & seei to

be appearing. The literature is lacking in definitions of the upper limit of
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the plasma edge, PSIHAT = 0.
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the second stability regime so this'is useful information if it is true.

(Other workers do not agree there is an upper limit to the second stability

regime^ ' ) . Figure 5.1-2 shows a plot of most of the equilibria calculated as

a function of 8 and q(boundary). A conscious attempt was made to increase 8

in many cases (identified by vertical rows of points that end where the code

failed to calculate an equilibrium). It has not been possible to calculate

equilibria beyond the limits shown in Fig. 5.1-2, and it is conjectured that

limits roughly similar to those shown will become more apparent as further

calculations are made. The form of the curves defining the limits are

reminiscent of those found in earlier studies of conventional equilibria' '

except that the limits are higher. The higher limits are essentially due to

more flexibility in specifying the F function.

5.1.4 Flux Line Spacing Ratio

A factor of importance in reactor design is the ratio of the

equilibrium's flux line spacing at the inboard midplane to that at the

litniter. The reason is that the limiter must be designed to intercept all of

the flux lines on which the density, which falls off exponentially in space

from the limiter, is appreciable. These flux lines cannot touch the wall at

any poloidal location, or the wall and not the limiter would limit the

plasma. The flux lines are most widely spaced at the inboard midplane. Since

the distance between the flux lines intercepted by the limiter at the limiter

is fixed, the larger the spacing ratio, the greater the space that must be

provided between the wall and the plasma at the inboard midplane. This is

well known to be a critical region as far as space is concerned, since the

magnetic field will decrease as 1/R over this distance, reducing the field in

the plasma. (Recall the power, for example, is proportional to the fourth

power of the field.) Hence, it is important to minimize the spacing ratio.

Several factors can be identified that tend to reduce the flux line

spacing ratio, that is, that tend to make the flux lines more equally spaced

near the plasma edge. These are:
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1. Small magnetic axis shift:

A highly shifted magnetic axis tends to make the flux lines close

together at the outboard edge and far apart at the inboard edge. On

the other hand, less shift usually means a lower beta.

2. No current near the plasma edge:

No current near the edge tends to reduce the flux derivatives near

the edge as can be seen from the Grad-Shafranov equation. Low

current tends to occur with low d(p)/d(tft), so that this requirement

is commensurate with avoiding step-function currents as discussed

above.

3. Low Aq = q(Boundary) - q(Axis):

This again reduces the flux gradients and is also beneficial for high

beta. See Fig. 5.1-2.

4. Low d(q)/d(ij;) near the limiter.

This works the same as 3.

Using these tendencies as guidelines, it has been possible to reduce the

flux line spacing ratio from 22 (inboard to outboard) and 9 (inboard to top)

in last year's design to as low as 5 and 2, respectively. A sample of how the

spacing ratio varies with equilibrium parameters is presented in Table 5.1-1

and the flux lines for four of these cases are shown in Figs. 5.1-7 - 5.1-

10. To some extent Table 5.1-1 indicates how the maximum equilibrium beta

varies with these parameters as well. Other things being equal, it can be

seen that high elongation favorably affects the spacing ratio as well as

highly favoring high beta.

A final point to be made is that since the flux line spacing increases

from outboard to inboard along the plasma edge, it follows that the closer the

limiter is to the inboard midplane, the shorter the inboard scrapeoff distance

can be made. This is readily seen in Table 5.1-1, where the inboard scrapeoff
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can typically be made 2 - 3 times smaller if the limiter is at the top rather

than at the outboard edge. By examining the flux lines in Figs. 5.1-7 - 5.1-

10, it can be seen that further improvement could be made by moving the

limiter even further around toward the inboard midplane.

TABLE 5.1-1
Variation of the Flux Line Spacing Ratio with Equilibrium Parameters

Pressure
Type

A
A

B
B

B
B

C
C
C
C

C
C

c
c
c

K

2.0
2.0

2.0
2.0

1.3
1.3

2.0
2.0
2.0
2.0

1.3
1.3

1.3
1.3
1.3

q(Axis)

1.1
1.1

2.0
1.0

2.0
1.0

1.0
1.0
1.0
1.0

1.0
1.0

1.0
1.0
1.0

q(Limiter)

5.
5.

4.
4.

4.
4.

2.
2.
2.
2.

2.
2.

1.
2.
3

,05
05

05
05

05
05

05
05
05
05

05
05

45
05
05

»t

.21

.25

.20

.35

• 09
.18

.20

.42

.59

.86

.20

.32

.20

.20

.20

Inboard/
Outboard

21.7
24.4

20.8
22.6

19.7
22.6

4.4
8.4
11.3
15.4

7.6
11.5

4.6
7.6
13.1

Top/
Outboard

7.7-8.7
8.8-9.9

7.1-8.1
7.5-8.6

7.3-8.1
7.9-8.8

1.0-1.2
2.2-2.6
3.3-3.9
5.5-6.4

2.4 2.6
3.6-4.1

1.7-1.8
2.4 2.6
3.4-4.0

5.1.5 Reference Equilibrium

An equilibrium has been chosen as a tentative reference in order to have

a fixed set of parameters for the TPSS design, even though from the MHD

equilibrium and stability point of view such a choice is premature. This

equilibrium has a type C pressure profile and an elongation of 1.3. This

elongation coupled with a Bt of .20 tends to crowd it somewhat in the diagram

of Fig. 2, leaving a possible lack of freedom for error. The safety factor is

broad with q(Axis) = 1.0 and q(Boundary) = 2.05. Other parameters are shown
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Figure 5.1-7 Flux lines for an equilibrium similar to last year's
reference design. The parameters are q(Axis) * 1.1,
q(Boundary) - 5.05, and 8fc - .21.
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Figure 5.1-8 Flux lines for a K = 2 equilibrium that has a good flux
line spacing ratio. The parameters are q(Axis) » 1.0,
q(Boundary) = 2.05, and 3t » .32.
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Figure 5.1-9 Flux lines for a K m 1.3 equilibrium with a beta similar to
that in Fig. 8. The parameters are q(Axis) » 1.0,
q(Boundary) • 2.05, and 6t * .34.
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Figure 5.1-10 Flux lines for the reference equilibrium with <
q(Axis) * 1.0, q(Boundary) - 2.05, and 6t * .20.
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in Table 5.1-2 and in Figs. 5.1-5 and 5.1-10. This equilibrium is not stable,

although it is expected that an equilibrium with similar parameters will be.

TABLE 5.1-2
Seferemce Design W D Parameters

Elongation 1.3

Triangularity 0.25

Bt 0.2C

Sp 4.7

q(Axis) 1.0

q(Boundary) 2.05

Major radius, m 6.0

Minor radius, m 1.0

Magnetic axis, m 6.3

Aspect ratio 6.0

Plasma current, MA 5.2

Peak pressure, MPa 2.0

Toroidal field on axis, T 5.0
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6.0 IMPURITY CONTROL

6.1 introduction and Summary

Impurity control is a critical issue for tokamak power reactors. There

are important design issues because of high heat and particle fluxes as well

as performance issues regarding helium removal, hydrogen recycling and re-

fueling, and plasma impurity content. The cost of the impurity control system

is also a factor particularly if a divertor is required. Impurity control may

also affect the reliability/availability of future devices if, for example,

frequent limiter replacement is required. For these reasons impurity control

has been one of the main study areas of the TPSS effort. We have sought to

focus on innovative techniques that can reduce the complexity and cost of the

impurity control system.

Following the initial TPSS study^ ' the reference impurity control system

for the high 8 fusion reactor design has been chosen to be a lithium cooled,

self-pumped, slot limiter. This system appears to offer substantial improve-

ments over a conventional system, i.e., a water cooled pumped limiter or

pumped divertor. The reference system uses no vacuum pumps, pump ducts, or

penetration shielding (except for a very small startup system). Tritium is

almost completely recycled in-situ with pellet fueling used for burnup

replacement. A cost savings of ~35M$ results from the elimination of the

pumps, penetration shielding and reduction in the tritium processing system.

There is also a projected improvement in the mass utilization factor because

of the elimination of some 700 metric tons of penetration shielding. The

limiter lasts on the order of 5 years at a neutron wall loading of 5 MW/mz and

requires no routine maintenance. It may therefore offer important, though

hard to quantify, improvements in reliability and availability. In addition,

the self-pumped system may offer better helium pumping performance (estimated

at 7.5% efficiency) than pumped systems.

As discussed in Ref. 2 the basic self-pumping concept is to remove helium

in-situ by trapping in freshly deposited metal surface layers of a limiter or

divertor. A key requirement is for the deposited material to trap helium much

better than hydrogen. It has been demonstrated experimentally that nickel

preferentially traps heliunr ' ^ and that several other materials (iron,

vanadium, niobium, molybdenum, and tantalum) are believed to be capable of
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preferential trapping. The selective trapping of helium in certain metals is

the result of the negligible solubility of helium in the lattice. The injec-

ted helium will diffuse through the lattice until it reaches a nearby trapping

site where it can come out of solid solution. Hydrogen, on the other hand,

remains in solid solution until it diffuses to the surface and escapes. Other

plasma contaminants, notably oxygen, can be removed by the self-pumping system

by chemically combining with the deposited metal.

The self-pumped system requires no pumping of hydrogen, and hence uses no

pumps or ducts (except for a very small startup system). Protium, formed by

the D-D reaction needs to be removed, but natural diffusion through the im-

planted structure and into the coolant has been estimated to be more than

adequate to remove the protium.

Several important parameters of self-pumping materials are uncertain,

particularly in the high neutron irradiation conditions of future reactors.

We have estimated, for purposes of the reference design, the parameters of

self-pumping materials by reference to existing experimental data and theo-

retical predictions. Two key parameters are the maximum trapped helium con-

centration, and the maximum operating temperature for selective helium trap-

ping. We have estimated these parameters at 30 atZ average concentration and

0.7 of the melt temperature, respectively. These are optimistic but hopefully

feasible values which need experimental confirmation in any event. Other

parameters of the candidate trapping materials have been assessed and are

described further in this chapter.

There are numerous embodiments of the self-pumped concept that appear

feasible. For example, helium trapping could conceivably be done on a diver-

tor plate, first wall, plenum region, or the front surface of a limiter. The

limiter design is shown in Fig. 6.4-1. The initial TPSS report^ discussed

some of the tradeoffs among these designs.

The reference system for the reactor described in this report is the slot

limiter. The limiter is toroidally continuous and located at the bottom of

the torus. The limiter consists of a front face, two leading edges, and a

slot region formed between the limiter back surface and the first wall. This

design is similar to a pumped litniter except that there are no pump ducts

behind the limiter. Helium trapping is done on both sides of the slot

region. The limiter is made of 2 mm thick vanadium alloy. A 2 mm cladding of
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tungsten is used on the front face and leading edges for sputtering control.

The combination of the tungsten cladding, and a fairly low plasma edge te«-

peratuare of 50 eV, results in negligible front face and leading edge erosion.

The achievement of a low edge temperature is a general goal for future de-

vices. The self-pumping concept is naturally compatible with this goal be-

cause the high hydrogen recycling rate at the limiter tends to increase the

edge density and lower the edge temperature.

For the reference design, vanadium has been chosen as the trapping

material based on its thermal properties, compatability with the first wall

and limiter structure, and its lack of serious activation products. Nickel

and iron are the major back up trapping materials. Pure vanadium metal is

added to the slot region via pellet/dust injection into the plasma scrapeoff

regions adjacent to the limiter. This injection location, and the trapping

locations minimizes the chance of contaminating the main plasma with the

trapping material. Vanadium is added at a rate of about three times the o-

production rate. The injected vanadium is ablated and conveyed to the slot

surfaces along field lines. The slot surfaces therefore continuously increase

in thickness as fresh material is added. The trapped helium containing layers

are thus continually buried with fresh surface material.

The limiter operates until the average thickness of vanadium on the slot

surfaces is 4 cm, at which time replacement is needed. This permits operation

at 5 calendar years at 75% availability for the reference neutron wall loading

of 5 MW/m • The lifetime is determined by the maximum material trapping tem-

perature referred to above, and by stress considerations in the then-thick

trapping surface. It is encouraging that most variations in key parameters

would affect the slot limiter lifetime but not the basic feasibility of the

concept. Multi-year lifetimes appear to be possible under most circumstances.

Besides the analysis of self-pumping, a key goal of the present study has

been to examine issues of non-water cooling for impurity control components.

As discussed in Chapter 7, lithium cooling offers substantial advantages for

the tokamak in terras of thermal efficiency, tritium breeding, and compatabili-

ty with advanced materials. Although these advantages pertain more to the

first wall and blanket, the use of Li cooling for part of the reactor pre-

cludes the use of water cooling for a limiter or divertor on safety grounds.

Thus it is important to identify feasible lithium or other non-water coolants
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for Che impurity control system. Accordingly, an engineering design of the

lithium cooled slot limiter has been carried out.

The reference design uses an electrical insulator covering the surface of

the coolant passages to reduce the MHD pressure drop. This insulator is of

the so called coating type, i.e., the insulator coats the metal and is in

contact with the lithium coolant. An alternative design is the sandwich type

in which the insulator is itself coated by a metal layer, to avoid insulator -

lithium contact. We have concluded that the use of some type of insulator is

probably necessary for liquid metal cooling in a high heat flux environment,

even for a high g reactor with low to moderate magnetic fields. The coating

type insulator is very advantageous and essentially eliminates concerns about

MHD effects. A calcium oxide coating has been chosen for the reference design

based on preliminary assessments of chemical compatability, stability under

neutron irradiation, and cost. With this design, the slot limiter is fairly

insensitive to the value of magnetic field strength and hence insensitive to

B.

With the use of the coating insulator, the major engineering design issue

is similar to that of water cooled components, namely the front surface and

leading edge heat loads. In order to ninmize the surface heat loads it is

desirable to radiate a high fraction of the a heating and current drive

heating powers from the plasma. Radiation tends to uniformly heat the first

wall and therefore minimizes the heat transport power to the limiter. One-

dimensional plasma transport studies have shown that a low-edge temperature,

high radiated power fraction is both plausible, and enhanced by self-pumping.

For this study a high plasma radiation fraction (75%) is assumed. The result-

ing surface heat load (radiation plus transport) on the limiter is still fair-

ly high, ~3 KW/m2 on the front face and 5 MW/nr on the leading edges. A con-

stant heat flux design was used for the front face, with peaking values of two

in the heat loads assumed for design purposes. A combination of high coolant

velocity (5 m/s), made possible because of the insulator, and mid-limiter

manifolding has been used to obtain acceptable material temperatures. The

leading edges appear to be acceptably cooled but remain a critical issue

because of uncertainties in the local flow velocities.

Stress calculations have been performed for the front and back surfaces

of the reference limiter design. In general, the steady state operation is of
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great help in minimizing the stress problems, a conclusion in line with other

studies. The reference design appears to have acceptable stress related

performance up to its maximum rated life of 5 years. The leading edges,

however, remain a key area of uncertainty.

Other conclusions from the stress and lifetime analysis are as follows:

1) A limiter using V-15Cr-5Ti as the structural material is preferred over one

using a tantalum alloy. 2) A lifetime of < 5 y is predicted for the plasma

side surface structure at the reference heat load level of 3.3 MW/m . This

conclusion applies to both the totally constrained case and the case where the

plate is allowed to expand but not bend. The major concern is the potentially

high level of radiation swelling. 3) The limiter backside structure remains

within allowable temperatures after 5 y of operation. 4) A lifetime of < 5 y

is predicted for the backside structure for the case where the plate is

allowed to expand but not bend. A totally constrained plate exceeds the

material yield stress after ~3 y. The maximum allowable thickness of the

deposited vanadium is ~3 cm. 5). As stated, a limiter lifetime • 5 y appears

to be achievable. There are some uncertainties however. The main uncertainty

is associated with the lack of information about the deposited vanadium used

to trap the helium ash. Any degradation in the bulk properties beyond those

assumed here would likely result in a reduced lifetime. Another uncertainty

concerns the integrity of the interface bonds between the tungsten and V-15Cr-

5Ti. Finally, there are uncertainties in the long term effects of 14 MeV

neutron damage.

The remainder of this chapter discusses details of the reference impurity

control system as well as alternate approaches. Materials issues related to

self-pumping, structural materials, and MHD insulating materials are dis-

cussed. Plasma engineering and a discussion of key issues for impurity con-

trol is described next. This is followed by a description of the mechanical

design and thermal analysis of the reference system and alternate approaches.

The chapter concludes with a description of the stress and lifetime analysis

beyond for the reference and alternate designs.
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6.2 Trapping Material Analysis

6.2.1 Trapping Material Characteristics

A general discussion of trapping material properties is given in Ref. (1-

2). Important properties include the hydrogen and helium interactions with

the material, thermal conductivity, and mechanical properties. For INTOR the

material requirements are less stringent than for commercial reactors, because

of the shorter operating time. For all applications the most important pro-

perty is the helium trapping fraction. This determines the amount of material

that must be added to the trapping surfaces. A related parameter is the

sticking coefficient, i.e., the probability that a helium atom is trapped for

a single impingement. These two parameters are closely related, however, the

helium trapping fraction will be greater or equal to the sticking coefficient

because of multiple impingements.

Numerous experiments have shown that at relatively low doses ($ < 10

m ) helium is effectively trapped in vacancies or small helium bubbles. At

doses above a critical dose, $ , the implanted surface layer saturates and

helium is re-emitted. In most of those experiments however the injected

helium energies were in the KeV range. At low energies the surface plays an

important role and its effects are evidenced by the measured gas loss. This

is due to the failure of saturation fluences at energies below a few KeV to

produce the drastic surface morphological modifications that characterize the

higher energy bombardments. Only very few experiments have studied helium

retention at very low energies (<100 eV).

In one experiment^ ' low energy helium ions were injected into 304 stain-

less steel, polycrystalline nickel foil and single crystal nickel targets and

the gas evolution rate is monitored during post-bombardment annealing. Table

6.2-1 shows the measured entrapment probability for a stainless steel target

for various incident helium ion energies up to 1 KeV. The entrapment

coefficient reaches a maximum of about 0.7 at an incident ion energies of

slightly above 1 KeV. At these energies the experimental results indicate

that a significant fraction of the implanted gas persists in the target up to

the melting point. That was confirmed by the copious release of gas observed

when a target was actually melted.' ' Stainless steel is a complex alloy

where gas becomes trapped at impurities and precipitates from which it is
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released over a wide range of activation energies extending up to the melting

point. Fewer types of defects will likely be present in pure metals.

Table 6.2-1 also shows the entrapment probability for different incident

helium energies for both random nickel single crystal and polycrystalline

nickel targets. The probability of trapping is almost a factor of 10 greater

in the polycrystalline sample at energies equal or lower than 100 eV. Since

at these energies the incident ions are not capable of producing displacement

the higher entrapment probability may be due to the existance of other types

of trapping sites inside the target such as grain boundaries.

In another study' ' low energy helium ions were injected into Ni<100>

single crystal substrates. Studies of the helium evolution spectra were

obtained for different ion energies and fluences and nickel substrate

temperature during implantation. Table 6.2-1 compares the measured helium

trapping coefficient for two different fluences at various incident ion

energies. Again, the very low trapping coefficient for energies below 100 eV

reflects the lack of available sites and the inability of the low energy

helium to cause atomic displacement and create more trapping sites. This

large increase in the trapping coefficient at higher fluences can be

attributed to the growth, and eventual dominance of the agglomeration

associated traps which contribute to gas release at higher temperatures in the

so-called C-band peaks.''' A similar increase in helium trapping probability

with increasing fluence has also been observed experimentally in randomly

oriented single crystal nickel. The helium gas release is found in general to

follow relatively well resolved peaks, some of which seem to depend strongly

on both ion energy and fluence.' ' The relative entrapment probability at

higher implantation temperatures (normalized to implantation at 350°K) for

each resolvable peak is given in Ref. 4. It is shown that at higher

implantation temperatures the helium entrapment probability decreases

sharply. For example, at an implantation temperature greater than 700°K for 1

KeV helium ion incident on nickel single crystal the entrapment probability

decreased by about an order of magnitude or more compared to that of

implantation at 350°K. This drastic reduction in the entrapment probability

at higher implantation temperatures may be explained by a possible formation

of different kind of defects such as singly occupied di-vacancies during

implantation. The fact that these di-vacancies are expected to be mobile in
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TABLE 6.2-1, Entrapment Probability (Z) as a Function of Incident Helium Ion Energy

Helium Ion
Energy
(eV)

Stainless Steel*
ion cm"

2

Random
Single
Crystal

Nickel* Nickel** <100> single crystal

Polyerystalline <(i=3xlÔ  ion era"2 <j>=*3xlO*̂  ion cm"2

30

50

100

200

400

500

1000

10

20

34

48

53

67

2

12

45

60

65

70

10

30

55

70

80

82

85

1

1.5

5

20

30

50

1

2

10

50

52

60

Most of the numbers given are interpolations between measured values.

*See Reference 3.
**See Reference 4.



the temperature range between 350 and 55O°K offers one possible explanation

for the reduced trapping due to gas migration to the surface.*°'

There are several major differences between most of the previous experi-

ments and the actual conditions in a reactor system. One factor is the con-

tinuous and simultaneous deposition and build-up of the trapping material

along with helium ions. This continuous deposition may help maintain a rough-

ly uniform helium profile distribution in the Material which may increase the

retention. It also helps keeping the accumulated dose below $c the critical

dose necessarily to cause blistering. However, depending on the characteris-

tics and integrity of the redeposited trapping material the helium retention

could even be lower than in the case without continuous deposition. This can

happen, for example, if the redeposited material contains many interconnected

porosity to the surface. Another important factor is the synergestic effect

from simultaneous bombardment and implantation of protiura, deuterium, and

tritium in the redeposited material. This synergestic effect must be

evaluated; it may result in reducing helium retention in the trapping

material. This may be because both hydrogen (and its isotopes) and helium

will compete roughly for the same amount of traps. However, because of the

neutron radiation generated traps in a real fusion reactor environment the

helium retension may increase substantially especially at low operating

temperatures. It is important to note that several candidate trapping mate-

rials have been identified, therefore increasing the chance of selecting a

suitable material.

Several important factors need to be studied experimentally in detail to

firmly establish the parameters for helium retention and release since they

are crucial to the successful operation of the self-pumped reactor concept.

The simultaneous injection of the low energy helium ions and the structure and

properties of the redeposited material are essential factors needed to be

assessed before defining acceptable operating ranges for this concept. The

role of higher implantation temperatures in determining the net trapping

coefficient is very important since this could limit and constrain the

operation of the reactor. The synergestic effect of simultaneous bombardment

of the trapping material is also very important and needs to be studied to

determine the overall retention coefficient. The neutron generated trapping

sites in a fusion reactor environment are also likely to be very important.
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The neutron Irradiation could substantially Increase helium trapping.

Based on the above considerations, we are optimistic that Impingement

energies of 50-100 eV will permit adequate trapping fractions. Higher

impingement energies would tend to result in even more effective trapping.

Table 6.2-2 lists the estimated values of trapping and other parameters for

the present analysis.

TABLE 6.2-2. Estlasted Properties of Heliua Trapping Materials

Parameter Value

1. He trapping fraction 30 atX
2. Maximum temperature for trapping (Kelvin) 0.7 T m e l t

3. He sticking coefficient 0.25
4. Density of deposited material .8 p
5. Thermal conductivity of deposited material .7 kQ

6. Minimum energy for (substantial) trapping 30-50 eV

6.2.2 Tritium Permeation and Inventory and Protium Permeation for Self-

Pumping

The retained tritium inventory in the trapping surfaces should be as low

as possible. The tritium permeation rate should also be minimized. To first

order the permeation rates of tritium and protium are governed by similar

processes. The permeation should be low enough for acceptably low tritium

throughout, but must be high enough to remove protium. The protium is formed

by the D-D reaction at a rate of about 0.2 gms/day for the reference plasma

conditions.

In steady state, the protium concentration in the plasma is related to

the permeation as follows:

where I D T is the current of DT ions to the limiter, M is the protium produc-

tion rate, and ND~ and N are the deuterium-tritium and protium densities in
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the plasma. The parameter e is defined as the removal rate of hydrogen via

permeation to the coolant divided by the particle impingement rate. This ex-

pression assumes equal transport properties of hydrogen isotopes in the

plasma.

The DT current scales approximately linearly with neutron wall loading.

For a wall loading of 5 MW/m , and for the reference plasma edge conditions

(see Sec. 6.3), I D T = 4 x 102* s"1 and M = 1.6 x 1018 s"1. The protium

concentration is then given by

An acceptable protium concentration is about 1Z, therefore we require e > 4 x

10~5. However in order to minimize tritium reprocessing and tritium inventory

the tritium leakage to the first wall should be minimized. A rough rule of

thumb is that the maximum allowable leakage rate of tritium should not exceed

the blanket breeding rate. The tritium breeding rate is calculated to be 6 x

10 T/sec. Using this rule of thumb we obtain an approximate upper limit on

permeation as £ < 3 x 10 . Therefore the limiter should be designed with

10~5 < e < 3 x 1O~4 . (3)

To compute the permeation and inventory of hydrogen isotopes in self-

pumped materials, we have developed a steady state computer code. The perme-

ation model assumes a hydrogen isotope atom implantation flux J- at a depth 6

in the surface less than the surface thickness d. This implantation depth de-

pends primarily on the energy of D-T particles which is assumed to be in the

100"s of eV range.

It is assumed that gas molecules leave either wall surface (front or

back) by recombination limited desorption according to

2 Kr C
2 , (4)
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where C is the dissolved hydrogen isotope concentration near the surface, and

Kr is the recombination coefficient given by:

2 E - E
exp ( ^ ) , (5)

K2
 /ITK MT
so

where

a = sticking coefficient (» 1 for clean surfaces)

Kgo * pre-exponential Sievert's solubility constant

K = Boltzmann constant

M = mass of the molecule formed by recombination

T = absolute temperature

Es = energy of solution for hydrogen in metal

E x = Eg + Ed (Ed = diffusion energy)

and

E + E. if E + E. > 0
s d s d

otherwise.

The protium concentration in the material is much less than the tritium

or deuterium concentration. The effect of the protium isotope is taken into

consideration by assuming that the protium flux leaving either surface is

given by:"'

(6)

where
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CH is protium concentration.

Cjyp is tritium-deuterium concentration.

The limiter consists of a tungsten coated vanadium front surface, and a

vanacium slot (helium trapping) region. Equations 4-6 were solved for this

configuration using a computer code described in Ref. 6. The energy of

solution and diffusion energy for tungsten are taken to be 0.98 eV and 0.39 eV

respectively and the corresponding values for vanadium are -0.34 eV and 0.08

eV.

The tritium permeation for the tungsten coated vanadium front surface is

calculated to be 1.2 g/d. The steady state tritium inventory in the front

surface is found to be 0.02 g. These low values for the permeation and

inventory are due to the high surface temperature which increases the surface

recombination rate. Hydrogen is thus released back to the plasma rather than

diffusing through the material and then to the coolant. The low front surface

permeation rate is not, by itself, acceptable for adequate protium removal.

On the other hand, about 152 of the incident D-T and protium current impinge

on the slot region of the limiter where vanadium is being deposited to trap

helium. The protium concentration in the plasma due to protium permeation

through the back side of the vanadium limiter is given by

Np 2.67 x 10 6 - .

For the worst case, i.e., at the end-of-life condition where the back side of

the limiter is at its maximum thickness and temperature, the protium concen-

tration in the plasma is calculated to be about 3.5Z, an acceptable value. In

this calculation the front surface of the back side of the limiter is assumed

to be very clean (a = 1, i.e., recombination coefficient is high). A slight

change in the recombination coefficient can have a large impact on the perme-

ation rate. In particular, for a less clean surface (o m .1), the protium

concentration in the plasma is calculated to be about 1Z. A less clean front

surface also increases the tritium permeation to the coolant. In the case of

a * 0.1 the tritium permeation is calculated to be 23 g/d.
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6.2.3 Injection of Trapping Materials

General considerations for injection of trapping materials into the plas-

ma are discussed in Ref. (5). One way of introducing the trapping material is

by injecting small spherical pellets of a few millimeters radii or less into

the plasma scrape-off region. In this section we briefly examined the basic

requirements for impurity pellet injection and other means of introducing the

trapping material. Since the heat flux in the scrape-off region (see Sec.

6.3) is not very high (of the order 2-5 MW/m'' depending on location) the pel-

let vaporization can be approximated and treated as a heat transfer problem

rather than the complicated hydrodynamic problem as in the case of hydrogen

pellet injection for fueling in the center of the plasma. An accurate solu-

tion to the pellet injection problem is to solve the heat conduction equation

with moving boundaries and phase change in spherical coordinates, i.e.,

where

r = radius of the pellet

T = pellet temperature

p = density of the pellet material

C = specific heat of the pellet material

K = thermal conductivity of the pellet material

The instantaneous radius of the injected pellet is given by:

t
r(t) = R - / v(t) dt (2)

° o

where

R = the original pellet radius (at time = 0)
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v(t) = the velocity of the eroding surface at tiae t.

The velocity of the evaporating surface depends on both materiel properties

and the pellet temperature and it is given by: '

a /A P (T ) -t/10 T
v(t) - 0.058 v " [0.8 + 0.2 e C] cm/»ec (3)

p(T )STS S

where

a = sticking probability " 1

A = atomic mass number of pellet material

P = vapor pressure number of pellet material (Torr)

T C * vapor collision frequency (sec~ ) .

Now

DT 3T 3Tdr
Dt = 8t 3r dt

3T

Then the modified heat conduction equation is given by

3T dzT r2K

The boundary condition on the pellet surface, for any radial heat flux, q, is

given by

i ,
A *

\
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q = - K 4 ^ + PL v(t) + a eit1* - T1*) (6)
^ dr v v ' s'-v oJ

4 + PL v(t) + a eit T
dr v v ' s ' - v o

where

T = temperature of the surface

1Q " temperature of the cold portion of plasma surroundings

L = latent heat of fusion of pellet material

o * Stefan-Boltzmann constant
S

e = material emissivity.

Once melting occurs inside the pellet surface, the requirement on the

continuity of temperature at the solid-liquid interface is given by

Tg (r.t) = T£ (r.t) = T (7)

where Ts(r,t) and Tg(r,t) are the temperatures of the solid and the liquid

phases respectively, and Tffl is the melting temperature which is constant for a

given material. A computer code was developed to solve these equations with

moving boundaries by finite difference techniques. The calculation is

performed assuming an initial pellet radius and a specific heat flux (can vary

with time or distance). The lifetime of the pellet is determined when the

radius is reduced up to 0.5% of the initial radius. The effect of vapor

shielding^*' of the pellet material by the vaporizing material is not taken

into account in this calculation since the pellet is assumed to be

continuously moving and not stagnant in one position.

The pellet injection rate, J, can be given by

J - 7.57 x 10~9 ^ | #/sec (8)
R
o

where
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D = required deposition rate (cm/yr)

A = area of deposition (cm )

R = initial pellet radius (cm).

The lifetime of various vanadium pellet radii in two uniform heat fluxes

of 2 MW/m2 and 4 MW/ra2 is shown in Table 6.2-3. The pellet lifetime is

linearly proportional to the pellet radius. An increase in the heat flux by a

factor of two reduces the pellet lifetime by almost an order of magnitude.

This is because the vaporization rate varies exponentially with temperature

and any slight increase in the temperature accelerates the erosion of the pel-

let and consequently reduces its lifetime. The pellet lifetime must be short

enough to assure complete vaporization in the scrape-off region and to prevent

further transport of pellet material inside the plasma.

TABLE 6.2-3. Vanadium Pellet Lifetime Calculations

Pellet Radius Pellet Lifetime (sec)

(u) 2 MW/m2 4 MW/m2

100 32 4.2

10 3.2 .42

1 .32 .04

.5 .16 .02

One way of adding material to the trapping surfaces is to inject vanadium

pellets into the plasma scrape-off region under the liraiter, i.e., directly

into the slot region. This injection location would minimize impurity trans-

port into the core plasma. Heat flux in the slot region varies from about 0+5

MW/m2. Based on Table 6.2-3 a pellet radius of about 1 u should permit pellet

vaporization in the slot region. The manufacture of pellets with 1 p radius

appears to be fairly straightforward. For the reference impurity control
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parameters an injection rate of 0.2 g/s of vanadium is required. For a 1 y

pellet radius the injection rate becomes 1.3 x 10^" pellet/sec. Obviously,

therefore, individual pellets would not be injected but rather injection would

be in the form of (1) metallic dust spraying or (2) injecting macropellets

composed of pressed 1 u pellets. Both forms of material would likely break up

upon being subjected to the plasma stream or upon impinging on the bottom

limiter surface; this issue needs further assessment.

Another means of introducing material is to insert rods into the slot re-

gion. As discussed in Ref. (1) such rods are readily heated by the plasma to

a temperature close to the melting point. Vaporization of the rod surface

then serves to introduce atomic material to the plasma. Subsequent ionization

of the atoms and transport along field lines to the trapping surfaces then re-

sults in trapping surface growth. The amount of vaporization can be con-

trolled by adjusting the height to which rods are inserted into the slot re-

gion. A brief estimate of a rod-based injection system was developed as fol-

lows. For a given desired surface temperature the required surface heat flux

is given by

q = e a T"

where e is the emissivity, a is the Stephan-Boltzman constant, and T is the

surface temperature. For a temperature of T = 2073 K, which is 100 K less

than the vanadium melting point of T = 2173 K, the required heat flux for e =

0.4, is q = .5 MW/m . Insertion of the rods near tUe bottom of the slot re-

gion and possibly at a shallow angle to the toroidal direction would then be

sufficient to achieve this temperature. For a vanadium injection rate of 2.3

x 10 atoms/s (see Sec. 6.3) the total required rod area (see Ref. I) is A =

.5 m . For rods of 1 cm radius with an exposed heated length of 3 cm the num-

ber of rods required is N » 250. For the TPSS design of 16 TF coils this

would imply about 16 rods per TF sector. The rods would be moved into the

slot region at a rate of about 3 cm per day. This appears to be a modest

system.

A third, and possibly the simplest, means of introducing material is to

6-19



place an uncooled block of vanadium into the slot region. Subsequent heating

and vaporization by the plasma then permits operation for some period of time

(e.g., 1 year) before block replacenent is needed. Such a system was devel-

oped^"' for the INTOR reactor which, however, has a lower helium fluence than

a commercial reactor. We plan to assess this technique for a commercial

reactor in any future study.
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6.3 Plasma Engineering

6.3.1 General Considerations

Major plasma engineering issues for tokamak impurity control are 1) lim-

iter vs. divertor, 2) control (minimization) of edge temperature, sputtering,

and heat flux, and 3) compatability of a high 3 core plasma with a low

temperature edge plasma. For a slot self-pumped limiter the heliua trapping

region (slot) is shielded from the main plasma. We expect, therefore, little

or no impact on the major plasma engineering requirements. The additional,

less critical, issues for the slot system are 1) injection and transport of

the trapping material and 2) optimization of the slot region plasma.

Recent near-term tokamak designs (1NT0R, C1T, ETR) have all adopted a

poloidal divertor for impurity control. The divertor has several potential

advantages over a limiter. These include the easier achievement of lower edge

temperatures due to higher edge recycling, the lack of leading edges, less

sensitive heat load variations, and better plasma confinement (H mode). In

spite of these advantages we have chosen a limiter as the reference TPSS

concept for the overriding reasons of reduced cost and complexity. Note, for

example, that a poloidal divertor increases the cost of the INTOR design by

about 8%. ' Another reason for the limiter choice is that self-pumping eases

some of the problems of the pumped limiter. Specifically, the heliua removal

efficiency of self-pumping is much higher (~10 x) than with vacuum pumping.

Adequate helium removal can therefore be obtained with a self-pumped limiter

for reasonable leading edge heat loads. Furthermore, given the tine span for

commercial fusion reactor development it seems appropriate to aim for a lower

cost though riskier strategy. It should be noted that much of the analysis

described here on self-pumping is applicable to a self-pumped divertor as well

as a limiter. We plan to examine a self-pumped divertor in any future study.

A summary of key design choices for the self-pumped limiter is shown in

Table 6.3-1. The reference design, with emphasis on plasma engineering

parameters, is summarized in Table 6.3-2. Individual parameter choices are

discussed in the following subsections.
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TABLE 6.3-1. TPSS — Self-Pimped Iapurity Control Key Design Choices/Alternatives

Design Choice Reference

Self-pumped System Limiter

Trapping Material

Structural Material V-Alloy/w
CT, cladding
NS

Insulator Material C O
4

Limiter Area
(Front Face)

20Z of
first wall

Alternative

Divertor

Ni, Fe

All Ta
structure

V etc.

More area, 2 or
more limiters
etc.

MHD Insulator Method Coating
Insulator

Sandwich
Insulator

Advantages of
Alternative

Lower edge temperature
and better confinement
may be more obtainable
with divertor.

Cheaper, better thermal
conduction (Ni).

No cladding needed for
sputtering control.

Spreads heat load,
increases trapping
area.

No contact-chemical
effect between insulator
and Li coolant.

Disadvantages
of Alternative

Adds cost and
complexity.

Lower melting
point, higher
activation (Ni).

May become too
brittle due to
Ta+W transmutation.

Large area liraiter
function impedes
first wall function
(recovery of high
grade heat), com-
plexity of raulti-
limiter alignment.

Not as effective in
reduction MHD pres-
sure drop as coating
insulator.

Comments

Experiments
needed to com-
pare He trap-
ping properties.

Experiments
needed.

Very high lever-
age for coating
insulator.



TABLE 6.3-2.
TPSS — lef«r«nce Iapurity Control Systaa Plama Engineering Parameters

Parameter Value

Concept slot, self-pumped, MHD
insulator, Li cooled
limiter

Structural material

Front face and leading edge cladding natsrial

Helium trapping material

Insulator type

Insulator material

Helium trapping locations

Limiter location

Front face shape

Front face area

Slot-trapping area

Plasma geometry:
major radius, R
aspect ratio, A
elongation, K
deity, d

Neutron wall loading, qN

Fusion power, Pp

a-heating power, P

Current drive power, PCD

Total plasma heating power, PQ

Fraction radiated, fp

Transport power to limiter, P™R

Radiated power, Pg

First wall area

Radiated power flux

Total surface heat flux, limiter front face

Surface heat flux - front face design peaking factor

Surface heat flux - leading edges

Surface heat flux - trapping sites

V-15Ti-5Cr (2 an)

W (2 ma)

V (Fe, Mi)

coating

C.O

2 slot sides

bottoa

constant heat flux

60 « 2

120 « 2

6.0 •
6.0
1.3
0.25

5.0 MW/m2

1950 MW

390

100 MW

490 MW

0.75

123 MW

368 MW

300 a 2

1.2 MW/n2

3.3 MW/m2

2

5.0 MW/n2

<0.2 MW/m2
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TABLE 6.3-2.
TPSS — Reference Impurity Control System Plasma Engineering Parameters

(Cont'd.)

Parameter Value

Plasma edge temperature 50 eV

Particle e-folding distance, average, 6 5 cm

Particle e-folding distance at midplane, 6p 2.5 cm

Flux spacing metric (outboard/inboard) 3.0

Plasma temperature in slit, average 10 eV

Gross erosion rate, front face < 1 cm/y

Net erosion rate, front face ~0

Gross and net erosion rate, leading edges ~0

Helium removal efficiency (helium removed/ 7.5Z
helium edge current)

Limiter lifetime (at 75% availability) 5 y

Maximum trapping temperature of trapping material 0.7 T M e j t

Maximum trapping thickness, slot side 1 3 cm

Maximum trapping thickness, slot side 2 5 cm
(first wall side)

Average trapped helium concentration (at Z) 30%

a-particle production rate, Io 6.9 x 10 2 0 s"1

21 —1
Vanadium injection rate, 1^ 2.3 x 10 s
Vanadium mass used for 5 years (75% avail.) 2.3 x 10 kg
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6.3.2 Edge Temperature Estimates and Sputtering Calculations

Numerous studies have shown that a low plasma edge temperature is

desirable and possibly necessary to achieve low sputtering erosion. As

mentioned, an important issue for high 8 operation is the compatibility of the

core plasma with low (or moderate) edge temperatures. A consistent analysis

of the current driven steady state, high & regime, together with edge trans-

port was beyond the scope of the present study. One-dimensional transport

code analysis^ ' has shown that the self-pumping concept is naturally

compatible with low edge temperatures, at least for a conventional 8 (first

stability) regime. This is due to the essentially complete recycling of

hydrogen at the boundary which tends to increase the edge density and lower

the edge temperature. (In fact, the edge temperature is lowered significantly

compared to the case of only 5Z hydrogen pumping.) Provided pellet fueling is

used for fuel burnup replacement, stable plasmas with unchanged fusion power

(from pumped cases) are predicted, with no pumping of D-T ions.

The required edge temperature for low or zero erosion is uncertain but is

in the range of 50 eV. The study cited^ ' predicted edge temperatures of

~80 eV at the start of the scrapeoff zone and is thus fairly close to the

desired values. Much lower temperatures (~10 eV) are predicted™ ̂  with the

addition of small amounts of impurities (e.g., vanadium) to the edge region,

together with RF power applied to the edge to stabilize against radiative

collapse. The latter regime is quite speculative, however, due to aodel

uncertainties. A coupled plasma-transport — neutral-transport code study'''

indicates that a low edge temperature can result due to high recycling near a

pumped limiter, although the core density for onset of this regime is higher

than for a divertor. We conclude, at present, that code studies predict a

very reasonable chance of obtaining the ~50 eV edge temperatures which are as

low as required for acceptable limiter operation.

Another important plasma parameter for impurity control is the fraction,

fg, of a power and current drive power radiated. A high radiation fraction

serves to minimize the transport power to the limiter (or divertor). General-

ly, high values of fR are desirable although the wall loading is increased

somewhat. We have assumed an optimistic value of fg " 0.75 for the present

study, based on transport code results for the first stability regime. These

results seem plausible for second stability as well because most of the
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radiation occurs in the edge region. Future transport code studies of the

second stability regime, however, are required for an assessment of these

issues.

Sputtering erosion calculations of the limiter were made using the

REDEP^3' code together with the plasma parameters listed in Table 6.3-2.

Several surface materials were analyzed including 1) the reference design of a

tungsten cladding on the vanadium structure, 2) vanadium (no cladding), and 3)

a. Cu-Ti-Li composite material. The latter material is part of a class of

surface segregating materials under investigation to provide low erosion

properties over a broad plasma edge temperature range. '

Table 6.3-3 summarizes the REDEP results for a 50 eV edge temperature.

As shown, tungsten is a nearly ideal surface material at 50 eV (or lower).

The gross erosion rate is low and the net rate is zero due to essentially

complete redeposition of the sputtered tungsten. The high redeposition rate

results from the short mean free paths for electron impact ionization (and

return) of the high mass sputtered tungsten atoms.

TABLE 6.3-3.
Liviter Erosion Bates Due to Spattering at 50 eV Edge Temperature

Limiter Surface
Material

W
V
Be

Ti-Cu-Li

Front
Gross

1
165
340
48

Erosion
Face**

Net

~0
5
10
1

Rates* (cm/y)
Leading

Gross

~0
41
177
12

Edge***
Net

~0
5

25
1

* Steady state operation.
** Peak rate on the front face.

*** Average rate on the leading edge

The results for vanadium are, unfortunately, much worse than for

tungsten. This is due to the higher D-T sputtering coefficients as well as

the longer mean free paths of the sputtered vanadium atoms. The results for

vanadium are unacceptable if we wish to achieve a 5 year limiter lifetime. We

thus conclude that a vanadium structural material limiter would require a high

Z cladding for erosion control. An alternative design is to use an all
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tantalum structure (i.e., with no cladding). Erosion rates for Ta are nearly

identical to W. The concern about tantalum is the large Ta + W transmutation

rate with resulting erabrittlement. Based on our present assessment, a

tungsten clad vanadium structure poses less potential problems than a tantalum

structure. More information is needed, however, for a firmer conclusion in

this area.

For a beryllium coating, the erosion rates are very high. Carbon (not

shown) would have similar rates. For Ti-Cu-Li the net erosion rates are

better than for Be but worse than for W. It has been found that Ti-Cu-Li

functions at higher edge temperatures^ but the erosion rates are too high

for commercial reactor use.

6.3.3 Self-Pumping and Slot Plasma Parameters

The slot limiter traps helium on both sides of the slot region to which

vanadium or other trapping material is continually added. The rate at which

trapping material needs to be added is given by:

1°
lZ ~ f

a

where Iz is the current of trapping material, I is the a-particle production

rate, and fa is the saturation helium concentration in the material. The

surface growth rate is given by:

Ap

where A is the surface area and p is the atomic density of the deposited

m a t e r i a l . ••• •

For the plasma parameters of Table 6.3-2 and the material parameters

discussed in Sec. 6.2 (f = 0.3, p » 0.8 p ) the average surface growth rate

on the A = 120 m slot surfaces is d' • 8.0 mm/y, for 75% availability. The

total average growth in 5 calendar years is therefore 4.0 cm. To maximize the

limiter lifetime we have assumed that the 4 cm average growth can be obtained

by a 3 cm deposit on the near slot side (closest to the plasma) and a 5 cm

deposit on the far (first wall) slot side. This aids the design lifetime

because the heat flux is very low on the far side. This optimization would
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require adequate control over the trapping material deposition. We have not

examined this in any detail because it is not critical to the design. In

general, the deposition depends on the pellet injection parameters (see Sec.

6.2), slot plasma parameters, and the field line structure. It may be

possible to optimize the field structure in the slot region through design of

the equilibrium field coil system. For example, field lines bending towards

the far slot surface would aid in selective deposition on the far side.

A simple zero-dimensional model can be used to define the general charac-

teristics of the slot plasma. Parameters of this model are the following:

NS = slot D-T density

T = slot plasma temperature (T^ = Tg)

Q = power to slot,
s

These parameters are determined by the edge plasma conditions and the e-

folding distances (see Table 6.3-2).

The current of D-T ions entering the slot region is given by:

Is - - SDT 8KT
S

To first order, the impurity (trapping material) density in the slot scales as

the ratio of impurity current to D-T current:

'Z s "DT '
DT

The radiated power in the slot, due to the trapping material, is given by:

where N * N' , L is the cooling rate due to line and recombination radiation,

and Vg is the slot volume. The helium current to the slot scales approximate-

ly with DT current as follows:
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Xa = °'2 f« XDT '

where f is the helium concentration in the plasma, and the factor of 0.2
(2)accounts for the effect of different edge recycling rates.

The slot helium removal efficiency, e 8, is defined as the probability

that a helium ion entering the slot does not return to the plasma. For

equilibrium, the removal rate of helium, e l , must equal the a-production
s 01

rate:

1° = I8 e .
a as

Combining the latter two equations gives for the main plasma helium concentra-

tion:

The helium trapping efficiency in the slot depends on the per-impingement

"sticking coefficient" of helium, and on the recycling of helium within the

slot. Helium will initially impinge on the slot surface as a doubly charged

ion. Untrapped helium atoms will bounce from side to side in the slot region

until they are 1) trapped, 2) reionized, or 3) escape out of the slot. The

initial, helium ion impingement energy is given by:

m
U° = K T ( 1 + 7 "JL" + 6) - 8 KT
a e 2 m D T e

assuming T - T-, a sheath potential of 3 KT_, a helium charge state of 2, and
6 1 C

sound speed flow at the boundary. Therefore, for a plasma temperature of 10-

15 eV, u° " 100 eV. Typical particle and energy reflection coefficients of

the trapping materials, based on data for helium reflection from copper''%

are RJJ = 0.5, RE * 0.3 for normal incidence, and RN = 0.85, Rg * 0.70 for 60°

from normal incidence. The average energy of the reflected helium is given

by:

6-30



u
a

Based on calculations^*) for tokamak magnetic field geometries (glancing

angle), most helium ions would impinge on the slot surfaces at 60° or wore

from the normal. Reflected helium would therefore have an energy of ~80 eV

after one reflection and 50-65 eV after two reflections (depending on the in-

cident angular spectrum after one reflection). For a ~50 eV minimum effective

trapping energy helium can be trapped initially, and for two reflections, and

possibly for more. (Note that the reflections of neutral helium tend to

spread the helium trapping uniformly in the slot, regardless of the helium ion

deposition profile.) If the sticking coefficient is denoted by s, the proba-

bility of a helium atom being trapped assuming a 2 reflection maximum (and no

loss or reionization) is given by:

= B + (1 - s) RNs + (1 - s)
2 RN

2 s

For RN = .85, and s = .25 we obtain e 8 = .51. Therefore about half of the

helium entering the slot will be trapped. This is much higher than for vacuum

pumping. Since for the slot limiter design about 15Z of the edge heliiwt

current enters the slot region the overall helium removal rate (heliu«

removed/helium to liraiter) is 7.5%.

For the slot parameters vg = 6 m
3, Qs = 5 MW and NpT * 1.5 x 10

19 m~3 we

obtain:

Is - 3.9 x 1 0 " s"
DT

I
Z » 5.9 x 10"3

IDT

Nz - 8.8 x 10
16 m~3
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p* = 1.7 MW
K

fa = .017.

The radiated power is based on the worst case cooling rates of Ref. 9 for

vanadium. Based on this analysis, therefore, impurity injection is fairly

non-perturbing, contributing a radiated power fraction of ~20Z to the slot

power balance. Also, the self-pumping system is adequate to maintain a low

(<2%) helium concentration in the main plasma.
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6.4 Mechanical Design and Heat Transfer Analysis

This section describes the mechanical design and heat transfer analysis

of the self-pumped limiter. The self-pumped concept considered here includes

the slot limiter and the first wall/limiter. All the limiters are cooled by

liquid lithium. Structural materials considered include vanadium alloy (V-

15Cr-5Ti) and tantalum. The reference design is described first followed by

some of the alternate approaches. Each of the alternate designs can be con-

sidered as a back-up for the reference. The effects of several key parameter

variations on the limiter design are discussed. Emphasis is placed on the

general trends instead of detailed analysis since a majority of the analyses

performed were of the scoping type. It should be pointed out that even though

the design and analysis described here is exclusively for the self-pumped

limiter, much of the analysis can be applied to a conventional liaiter.

6.4.1 Reference Design

6.4.1.1 Mechanical Design

Figure 6.4-1 shows the schematic of the reference design of the impurity

control system. Table 6.4-1 summarizes the key features of this design.

TABLE 6.4-1
Key Engineering Features of the Inference Design

of the Impurity Control System

Concept Self-Pumped
Type Slot limiter
Location Bottom
Coolant Liquid lithium
Structural material V-15Cr-5Ti
Coating material on front face and leading edge Tungsten
Helium trapping material in the slot region Vanadium
Lifetime (75t availability) 5 years
Insulator type in coolant channels Coating

The reference impurity control system is a self-pumped slot limiter

located at the bottom of the plasma chamber (similar to a conventional bottom

limiter). It is liquid-lithium cooled and made of vanadium alloy (V-15Cr-

5Ti). The front face (plasma side) and the leading edges are coated with a 2
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mm thick tungsten coating to reduce erosion. The trapping of helium occurs in

the slot region. Vanadium is selected as the trapping material and will be

deposited on either side of the slot. To achieve a lifetime of 5 years, the

build-up of vanadium in the slot region can be relatively thick (a few

centimeters). When the vanadium deposit is thick, nuclear heating dominates

the heating rate. Since the nuclear heating rate decays exponentially from

the front face, the heating rate in the deposited vanadium on the first wall

side of the slot will be much smaller than that on the back of the limiter.

Thus, in the slot region, it would be desirable to deposit more vanadium on

the first wall side than on the back of the limiter. For the reference

design, it is assumed that at the end of life (~5 years), the thickness of

vanadium deposited on the back of the limiter is 3 cm while that on the first

wall side is 5 cm in the slot region.

The coolant passages are shown in Fig. 6.4-1. Liquid lithium axits the

bottom of the limiter. The inlet and discharge manifolds can be either a

concentric pipe or separated by a certain distance in the toroidal direction

(equal to one sector length). This design has the advantage of removing heat

first from the front face where the heat flux is high (3.3 MW/ra average).

Another advantage is that the coolant is exposed to a high heat flux over a

distance of 0.8 m instead of the full length of the limiter (1.6 m ) . A third

advantage of this design is that it can accommodate a non-uniform heat flux on

the front face, particularly near the raidplane (in the poloidal direction).

It is likely that the heat flux near the midplane may be much higher than the

average heat flux (by a factor of 2). This enhanced heat flux region may

extend only a small distance (~10 cm) away from the midplane. Since the

coolant temperature is the lowest (~230°C) at the midplane, the structural and

coolant/structure interface temperatures will not become excessive.

The cross-section and dimensions of the coolant channels are also shown

in Fig. 6.4-1. A coating insulator is applied on the inside of the coolant

channels. The thickness of the coating is no more than a few microns whiO is

adequate to reduce the pressure drop by at least one order of magnitude

compared to the laminated insulator. The heat transfer resistance of this

thin film is negligible compared to other resistances (such as the 2 mm thick

tungsten and vanadium structure) in the system.
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6.4.1.2 Performance

The key parameters of the reference design of the impurity control system

are shown in Table 6.4-2.

The coolant average velocity in the limiter (front and back channels) is

5 m/s which results in a total pressure drop of only 0.25 MPa. This illu-

strates the advantage of using the coating insulator in the coolant channels.

Compared to a laminated insulator the pressure drop is one order of magnitude

smaller (note that the velocity is much higher in the case of the coating

insulator). The low system pressure provides significantly improved design

margins for primary stresses (hoop and bending). The thicknesses of the

structural material of the manifolds and the inlet and discharge pipes outside

the blanket modules can also be r duced. Furthermore, the low pressure design

should be safer than a high pressure system.

The relatively high coolant velocity (5 m/s) is needed in order to main-

tain the coolant/structure interface, the structural material, and the coating

deposit temperatures below their limits. The coolant/structure interface tem-

perature is a misnomer for the present situation since the interface is be-

tween the coolant and the coating insulator. This interface temperature

should be below 480°C in order to make the coating insulator work. The

calculated maximum, interface temperature is approximately 410°C. The maximum

coating temperature (970°C) for vanadium shown in Table 6.4-2, is calculated

based on a vanadium thickness of 3 cm at the end of life (EOL) of the limiter.

The allowable temperature of tungsten on the front face and leading edges of

the limiter is also equal to 70% of its melting point. The calculated maximum

tungsten temperature of 770°C is based on the assumption that the contact be-

tween tungsten and vanadium alloy is perfect and there is therefore no resis-

tance to heat transfer at the interface. Since the allowable temperature for

tungsten is extremely high (2300°C), it is not likely that this temperature

limit will be exceeded even if some contact resistance exists at the

interface.
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TABLE 6.4-2
Key Parameters of the Reference Slot Liaiter

Neutron wall loading (MW/m2) 5.0

Magnetic flux density at midplane (T) (3 = 202) 4.4

Heated length (m) 0.8

Surface Heat Flux (MW/m )
front face 3.3
leading edge 5.0

back surface 0.1

Thickness of tungsten coating (mm) 2.0

Thickness of vanadium deposit in the slot region at EOL (cm)
back surface of limiter 3.0
first wall/blanket 5.0

Coolant channel dimensions (cm)
toroidal span 2.0
poloidal span 1.0

Coolant average velocity (m/s) 5.0

Total pressure drop (MPa) 0.25

Total mass flow (kg/s) 1621

Total energy deposited (MW) 275

Coolant inlet temperature (°C) 230

Average coolant temperature rise (°C) 40

Coolant outlet temperature (°C) 270

Max. structure temp., °C 757
Allowable (V-alloy), UC" 750

Max. pressure, MPa 0.25
Allowable (bending stress), MPa 4.2

Max. Coolant/Structure Interface Temp., °C 410
Allowable (insulator), UC 480

Max. coating (vanadium) temp., °C 970
Allowable (70% melting point), UC 1240

Max. coating (tungsten) temp., °C 862
Allowable (70Z melting point), UC 2300
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The most limiting condition comes from the structural temperature at the

leading edges. This is the result of the relatively high heat flux (5 MW/a )

at the leading edge. The allowable temperature for V-15Cr-5Ti is 750°C while

the calculated maximum temperature of the vanadium alloy at the leading edge

is approximately 75O°C. This indicates that little or no margin is available

at the leading edge and the heat flux there should not exceed 5 Mtf/m .

The high coolant velocity (5 m/s) results in a low coolant temperature

rise (40°C) through the limiter. The coolant inlet temperature was kept de-

liberately low (230°C) in order to satisfy the structural temperature require-

ment at the leading edge described previously. These two factors resulted in

a coolant outlet temperature of 270°C which is much lower than the average

coolant outlet temperature from the blanket. The total energy deposited in

the limiter (275 MW) is approximately equal to 10X of the thermal power of the

fusion reactor. This thermal energy should not be wasted and can in fact be

used to preheat the feedwater in the steam generating system. One possible

alternative would be to channel the coolant from the outlet of the limiter to

the inlet manifold of the blanket and use the same coolant to remove the heat

in the blanket. This option may be feasible since (1) the coolant outlet

temperature from the limiter is 270°C which is approximately the coolant inlet

temperature to the blanket, and (2) the total mass flow rate through the

limiter is of the same order of magnitude of that for the blanket (coolant

flows much slower but covers a much wider area in the blanket). Some

additional piping and manifolding may be required.

6.4.2 Alternate Approaches

There are several alternate design concepts which may also be feasible.

These alternate designs include, (1) a bottom slot limiter wth a tantalua

structure, (2) a dual-zone first wall/limiter, and (3) a 100Z first

wall/limiter. They all employ the self-pumped concept for impurity control

and may be considered as back-up designs. The coolant is liquid lithium for

all of these concepts.

6.4.2.1 Slot Limiter with Tantalum Structure

This design is similar to the reference design except that tantalum,

instead of V-15Cr-5Ti, is used as the structural material. Since erosion is
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not likely to be a problem for tantalum (see Sec. 6.3.2), no coating/cladding

material is needed on the front face and the leading edges of the limiter.

The geometry and the key features of the tantalum limiter is similar to that

shown in Fig. 6.4-1 and Table 6.4-1 with the exception that tantalum is the

structural material and a tungsten coating is not required on the front face

and the leading edges of the liraiter.

There are both advantages and disadvantages of using tantalum as the

structural material. Tantalum has a very high temperature limit (>1000°C) and

therefore the structural temperature is not a constraint. The thermal conduc-

tivity of tantalum (~60 W/m-K) is much higher than that of vanadium alloy (~25

W/m-K). Erosion due to sputtering and disruption, as mentioned previously, is

not a problem, and therefore, no protective coating is needed on the structure

facing the plasma. One major disadvantage of (pure) tantalum is the relative

low structural strength which results in a lower temperature limit (<700°C)

from the thermal stress point of view. The other concern is the large trans-

mutation of tantalum to tungsten which will result in a loss of ductility.

The key design parameters for the tantalum limiter are shown in Table

6.4-3. The dimensions of the tantalum slot-limiter are identical to that

shown in Fig. 6.4-1. A coating insulator is again used to reduce the pressure

drop in the system. Of all the temperature limits shown in Table 6.4-3, the

most restrictive is that due to thermal stress at the leading edge. This is

the result of the temperature difference between the bulk structure and the

leading edge. The thermal stress there results in a temperature limit of

600°C at the leading edge. The calculated maximum tantalum temperature at the

leading edge is 597°C. This again indicates that the heat flux at the leading

edge is the limiting factor and should not exceed 5 MW/ra2. The use of a

tantalum alloy to increase the strength would tend to alleviate these

concerns.

6.4.2.2 Dual Zone First Wall/Limiter

The dual zone first wall/limiter employs the self-pumped concept for

impurity control without requiring a separate limiter. Figure 6.4-2 is a

schematic of the first wall/blanket and manifolding system for this concept.

The first wall is divided into two zones as shown in the figure. Helium

trapping is assumed to occur in zone 2 only where the heat flux is low (0.91
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TABLE 6.4-3
Key Parameters for the Bottoa Slot-Luiter with a Tantalus Structure

Neutron wall loading, MW/m2 5.0

Magnetic flux density at midplane, T (0 • 20Z) 4.4

Thickness of coating deposit (vanadium) at end of life (EOL), cm 3.0

Coolant average velocity, tn/s 5.0

Total pressure drop, MPa 0.25

Total energy deposited, MW 275

Total mass flow, kg/s 1620

Average coolant temperature rise, °C 40

Coolant inlet temperature, °C 260

Coolant outlet temperature, °C 300

Max. pressure, I-iPa 0.25
Allowable (beading stress), MPa 4.2

Max. structural temp, at leading edge, °C 597
Allowable (thermal stress), UC 600

Max. Interface Temp., °C 430
Allowable (insulator), UC 480

Max. coating (vanadium) temp., °C 853
Allowable (70% of melting point), UC T240

MW/m^). In zone 1, the heat flux is high (4.6 MW/m ) but no helium trapping

is required and therefore, no coating is deposited in this region. The thick-

ness of the first wall in zone 1 can remain relatively thin and accommodate

the high heat flux throughout the lifetime of the first wall/blanket system.

The key features of the dual zone first wall/limiter are summarized in

Table 6.4-4. The system is a lithium-cooled first wall/blanket with a V-15Cr-

5Ti structure. Referring to Fig. 6.4-2, the coolant piping and manifold

system of the first wall and blanket are divided into six sectors in the po-

loidal direction (3 sectors in each of the two zones). The first wall is

cooled by relatively high velocity lithium in narrow channels (2 cm wide in

the radial direction) while the blanket is cooled by slower coolant to remove

the bulk nuclear heating. It was necessary to divide zone 1 into 3 sectors in

order to reduce the heated length so that the high heat flux can be accommo-

dated there.
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Figure 6.4-2
Schematic of a Dual-Zone First Wall/Limiter. (Not to scale.)
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TABLE 6.4-4
Key Features of the Dual Zone First Wall/Liaiter

Concept Self-pumped

Type Dual zone

Location and characteristics
zone 1 Outer midplane, high heat flux, no

helium trapping, area • 60 ra
zone 2 Remainder of first wall, low heat

flux, helium trapping, area « 244 m

Coolant Liquid lithium

Structural material V-15Cr-5Ti

Helium trapping material Vanadium

Lifetime (7 5% availability) 4 years

Insulator type in coolant channels
first wall coating
blanket laminated

A scoping analysis was performed for this design in order to determine

its feasibility. It was found that the thermal conditions in the inboard re-

gion are more restrictive than other portions of the first wall/blanket. This

is the result of the long (vertical) heated length and the thick coating depo-

sit in the inboard region. Key parameters in the inboard region in Zone 2 are

shown in Table 6.4-5. A coating insulator is used in the coolar.c channel ad-

jacent to the first wall. In the blanket, a laminated insulator is em-

ployed. The reason for proposing this dual insulator system is that a high

velocity is needed in the first wall coolant channel in order to maintain var-

ious temperatures within their limits. The coating insulator/coolant inter-

face temperature is limited to 480°C which is relatively low from the power

conversion point of view. The bulk nuclear heat is removed from the blanket

and it is desirable to have a relatively high coolant outlet temperature

(55O°C or higher) from the blanket. Therefore, it is proposed to use a lami-

nated instead of a coating, insulator in the blanket. Since only a scoping

analysis was performed of this design, more details remain to be worked out in

the future. In particular, optimization of the design should be carried out

before a final design for this dual-zone concept can be recommended.
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TABLE 6.4-5
Some Key Parameters for the Inboard Region

of the Dual Zone First Wall/Liaiter

Neutron wall loading, MW/m2 5.0

Surface heat flux, MW/m2 0.91

Heated length, m 3.5

Coating growth rate, tmn/yr 3.7

Coating thickness at EOL, mm 11.1

First wall coolant channels
coolant velocity, m/s 2.5
pressure drop, MPa 0.35

Max. interface temp., °C 422
Allowable, UC 480

Max. structural temp., ̂ C 511
Allowable, UC 750

Max. coating temp. (EOL), °C 1043
Allowable, "C 1240

6.4.2.3 100Z First Wall/Limiter

The 100% first wall/limiter employs the entire first wall as the limiter

for helium trapping. This concept was described in a previous report. The

proposed design uses a relatively simple poloidal flow as shown in Fig. 6.4-3.

A lithium-cooled first wall/blanket with a V-15Cr-5Ti structure is used. The

key parameters for this design, using laminated insulators in the coolant

channels, are shown in Table 6.4-6. The most limiting factor is the maximum

coating temperature at end-of-life (1443°C) which exceeds the allowable tem-

perature of 1240°C for deposited vanadium. The maximum structural temperature

of 775°C also slightly exceeds the allowable temperature of 750°C for vanadium

alloy. Thus, the design is marginal for a lifetime of 4 years with an avail-

ability of 75%. However, if a coating insulator is used in the coolant chan-

nels, the velocity can be increased significantly. The temperature limits

will then most likely be satisfied and the concept may indeed be feasible.
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Figure 6.4-3
Schematic of the 100Z first wall/limiter coolant configuration.
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TABLE 6.4-6
Key Parameters of the 100Z First Wall Liaiter/Blanket with

Laminated Insulator

Wall loading (MW/m2) 5.0

Surface heat flux (MW/m2) 1.52

Deposition rate (mm/yr) 3.0

Coating thickness at end of life (mm) 9

Lifetime at 75% availability (yr) 4

Inlet temperature (°C) 300

Outlet temperature (°C) 550

Coolant temperature rise (°C) 250

Gross thermal efficiency (Z) 42

First wall coolant velocity (m/s) 0.45

Total pressure drop (MPa) 1.5

Max. coolant/structure interface temp. - first wall/blanket (°C) 667/550

Maximum structural temperature (°C) 775

Maximum coating temperature at end of life (°C) 1443

First wall channel
toroidal span (m) 0.02
radial span (m) 0.07

6.4.3 Parametric Analysis

As part of the TPSS study we have examined the effect of key parameter

variations on the engineering difficulty of liquid metal cooled self-pumped

impurity control. The general trends noted are described in this section.

6.4.3.1 Neutron Wall Loading

Neutron wall loading is probably the most important parameter in the

engineering design. The heat flux, magnetic flux density, and the coating

deposition rate all depend on the neutron wall loading. For a given mechan-

ical design, there is always an upper limit on feasible neutron wall loading.

For example, the reference design (slot limiter) described in Section 6.4.1 is

limited to a neutron wall loading of 5 MW/m2. The most limiting factor is the

heat flux at the leading edges (5 MW/m2) which results in high structural

temperatures there.
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For the first wall/limiter, the most limiting factor is the thickness of

the deposited coating. The thickness of the coating depends on the rate of

deposition which is a function of neutron wall loading. The coating

deposition rate also determines the lifetime of the limiter. Therefore,

lifetime and neutron wall loading are directly related. An example is shown

in Fig. 6.4-4 for the 100Z first wall/limiter using a laminated insulator.

The curve in the figure is the upper limit for the design. If the neutron

wall loading is 2.5 MW/m , the limiter can have a lifetime (75Z availability)

of 13 years. For a neutron wall loading of 5 MW/m , the same limiter can have

a lifetime of 4 years only. Of course, there are other parameters that also

affect the lifetime oi a given design. For example, if a coating insulator

(instead of a laminated insulator) is used, the lifetime of the limiter can be

increased somewhat over those shown in Fig. 6.4-5.

6.4.3.2 Coating Versus Laminated Insulator

A coating insulator is used in the reference design. A laminated insula-

tor is an alternate choice. In this section, the advantage and disadvantage

of these two types of insulators are discussed.

The purpose of using an electrical insulator in the coolant channel is to

reduce the HHD pressure drop so that the coolant velocity can be increased.

The reduced pressure drop alleviates the primary stress problem while the in-

creased coolant velocity reduces the structural temperature and temperature

gradient in the system (hence reducing the thermal stress problem). The equa-

tions for pressure drop in a straight duct in a uniform transverse magnetic

field (to the flow direction) are,

AP - WB2owt/a [1]

for thin conducting walls (laminated insulator) and

AP * JtVB • ay [2]
a

for non-conducting walls (coating insulator), where I is the axial length of

the channel, V is coolant average velocity, B is the transverse magnetic flux

density, a is the electrical conductivity of the thin wall, t is the
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Figure 6.4-5
Manifolding via first wall/blanket.
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thickness of the thin wall, a is the coolant electrical conductivity of the

liquid-metal coolant, y is the viscosity of the coolant, and a is the half-

width of the coolant channel in the direction of the magnetic field. It can

be seen that the pressure drop is proportional to B for a laminated insulator

and to B for a coating insulator. Thus, if the magnetic flux density is equal

to 5 Tesla, a factor of 5 is gained immediately through the use of a coating

insulator. Furthermore, the quantity fov in Eq. [2] is one order of magnitude

smaller than a t in Eq. [1], Therefore, a factor of 50 in pressure drop can

be realized if a coating, instead of a laminated, insulator is employed.

Table 6.4-7 shows a comparison of various design parameters of a slot

limiter using a laminated and a coating insulator in the coolant channels.

The structural material of the limiter is tantalum and the design conditions

are listed in Table 6.4-8. Several important observations can be made. The

coolant velocity is much higher and the pressure drop is much lower if a

coating insulator is employed. Both the margins for structural temperature

and for coating (deposit) temperature are improved if a coating insulator is

used. Furthermore, both the absolute temperature and pressure of the system %

are reduced in the case of a coating insulator. The only disadvantage of

using the coating insulator is that the mass flow rate is large and more

pumping power is required.

There are other advantages of using coatings in the coolant channels.

The most important is that the system pressure drop becomes relatively insen-

sitive to magnetic flux density (AP is proportional to B rather than B ).

Thus, if a design is feasible for lower magnetic fields (higher f$), it can

easily be designed for higher magnetic fields (lower 8). This substantially

increases the attractiveness of liquid-metal cooled fusion reactor components.

A second advantage is that the design problem in the inboard region, which is

always more demanding than the outboard region, becomes easier to deal with

since the higher magnetic field is no longer a problem if the coating insula-

tor is employed. Finally, the coating insulator can be applied on all sides

of the coolant channels, including the side facing the plasma. This is so

because the coating is so thin (a few microns) which results in very little

resistance to heat transfer. For a laminated insulator, it is better to

insluate three sides of the coolant channel and leave the side facing the

plasma uninsulated so that the first wall temperature can be maintained within

acceptable levels.
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310
210
2.6

5.0
1621
40
0.25

TABLE 6.4-7
Comparison of Laminated and Coating Insulators for a Self-Puaped Slot Limiter

Insulator Laminated Coating

Coolant velocity in front channels, m/s
Total mass flow, kg/s
Average AT, °C
Total AP, MPa

Maximum structural temperature, °C 640 525
Allowable (thermal stress), °C 690 600

Maximum pressure, MPa 2.6 0.25
Allowable (bending), MPa 4.2 4.2

Maximum interface temperature, °C 650 445
Allowable,11? ~~ { } 1200 ttd

Maximum coating temperature, °C fTf ̂  1126 895
Allowable (70S melting), °C~

TABLE 6.4-8
Self-Puaped Slot Liaiter Design Conditions for Insulator Comparison

Coolant Li

Structural Material Ta

Location Bottom
UTJ

Neutron Wall Loading, ~? 5
6 m 15Z
BQ, Tesla 5.4

Heated Length, M 0.8

Surface Heat Flux, MW/m2

front surface 3.3
back surface 0.1

Total Energy Deposited, MW 275

Coating Thickness (E0L), cm 3

Coating Material Fe

Coolant Inlet Temperature, °C 275
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Table 6.4-9 summarizes the advantages of using coating insulators. The

major disadvantage is that the coolant/insulator interface temperature is lim-

ited to below 480°C. If the impurity control system is a first wall/limiter,

the thermal efficiency will be reduced as a result of this temperature limit.

The alternative would be to use the dual insulator system described in Section

6.4.2, i.e., coating insulators are used in the first wall coolant channel

where the velocity is high and laminated insulators are used in the blanket

where the coolant velocity is relatively low. For a slot limiter, a coating

insulator does not present such a problem since the energy removed from the

limiter is used to preheat the feedwater system or the coolant from the outlet

of the limiter is channelled to the inlet manifold of the blanket AS described

in Section 6.4.1.

TABLE 6.4-9 Advantages of Using a Coating Insulator

• Lower system pressure.

• Lower coolant and structural temperature.

• Lower stresses or larger design margin (primary and thermal).

• Design becomes relatively insensitive to magnetic field (and 0).

• Inboard region no longer a serious problem.

• Little resistance to heat transfer.

6.4.3.3 Bottom Versus Inboard Limiter

There may be some advantage to locating the slot liniter in the raidplane

of the inboard region, from the plasma engineering point of view, as described

in Ref. 1. However, there are definite advantages of locating the slot limit-

er at the bottom of the plasma chamber from the viewpoint of the engineering

design. The problem associated with the design of the inboard limiter arises

mainly from (1) the limited access to the inboard region, and (2) the rela-

tively high magnetic flux density in the inboard region. However, the latter

is no longer a problem if a coating insulator is used in the coolant channels.
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Because of the limited access in the inboard region, coolant manifolding

is a problem. Figure 6.4-5 is a schematic of the coolant path of a inboard

liraiter. Coolant manifolding is done through the first wall and blanket as

shown in the figure. An alternative would be to feed the limiter through the

high temperature shield and discharge the coolant through the blanket. The

coolant path will be complicated in either case. There are additional

disadvantages associated with a configuration like that shown in Fig. 6.4-5.

It is difficult to fabricate a component that integrates the limiter and first

wall/blanket together. Secondly, the structural support for the inboard

limiter is probably not as sound as the independently supported bottom

limiter. Finally, it would be difficult to drain the coolant from the inboard

limiter.

The high magnetic field in the inboard region will make the design some-

what more demanding if no insulator or laminated insulator is used in the

coolant channels. This is not a problem for the coating insulator as de-

scribed in Section 6.4.3.2. Figure 6.4-6 shows the comparison of the design

limit for the bottom and the inboard liraiters. The mechanical design of these

two limiters are similar to those shown in Fig. 6.4-1 and Fig. 6.4-5. Both

limiters are cooled by liquid lithium and both use tantalum as the structural

material. Laminated insulators are used in both and the operating conditions

are assumed to be the same. It is seen that the bottom limiter can be

designed for a higher neutron wall loading compared to the inboard limiter for

the same magnetic flux density.

6.4.3.4 Magnetic Field Value

The magnetic field affects the liquid metal cooled components in several

ways. It increases the pressure drop, modifies the velocity distribution, and

suppresses turbulence and natural convection in the flow. Turbulence, na*:'iral

convection, and velocity distribution can influence significantly the heat

transfer in the component. If a laminated insulator were used, the pressure

drop can be reduced significantly (a factor of ~10 less than the uninsulated

duct). However, turbulence and natural convection still are suppressed since

the electromagnetic force is the dominating factor in the flow. The velocity

profile (fully-developed) remains flat as in the case of uninsulated duct.

Thus, the laminated insulator primarily affects the pressure drop. The pres-
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Figure 6.4-6
Plasma operating limits for self-pumped slot limiter

with laminated insulator.

6-54



sure drop is still proportional to B 2 as indicated by Eq. [1]. The point is,

therefore, that even though a laminated insulator is used, the magnetic field

still has a strong influence on the design. Figure 6.4-7 shows the effect of

magnetic field (or S) on the design limit of a bottom slot limiter. The

limiter is lithium-cooled and tantalum is the structural material. It is seen

that the design limit for neutron wall loading increases with decreasing

magnetic flux density (increasing 3).

Also shown in Fig. 6.4-7 is the design limit of the same slot limiter

with a coating insulator. As expected, the design limit on neutron wall

loading is independent of magnetic flux density. As described in Section

6.4.3.3, the pressure drop is no longer a major issue if a coating insulator

is used. In this case, the pressure drop is very low which results in a very

large design margin for primary stresses. Even if the magnetic flux density

increases by a factor of 2, there is still substantial design margin for

primary stresses and the design becomes insensitive to the magnetic field as

shown in Fig. 6.4-7. Another important observation is that a limiter can

always be designed for a higher neutron wall loading if a coating insulator is

used. The difference in the limiting neutron wall loading becomes larger as

the magnetic flux density is increased. Therefore, there is strong incentive

to use a coating insulator for high magnetic flux density (low B)»

The calculated design limit shown in Fig. 6.4-7 is based on the

assumption that the heat flux on the front surface and the leading edges are

the same. If the heat flux at the leading edge is much higher than that of

the front surface (for example, the reference design assumes that the heat

flux on the front surface is 3.3 MW/ra* while that at the leading edge is 5.0

MW/m^), both curves in Fig. 6.4-7 will be lowered somewhat.

6.4.4 Summary and Key Issues - Mechanical Design and Heat Transfer Analysis

The proposed reference design of the impurity control system is a self-

pumped slot limiter located at the bottom of the plasma chamber (Fig. 6.4-1).

The structural material is vanadium alloy (V-15Cr-5Ti) and the coolant is

liquid lithium (Table 6.4-1). A coating insulator is used in the coolant

channels and the design appears to be feasible for a neutron wall loading of 5

MW/m . The design will become less attractive if the neutron wall loading is

increased beyond 5 MW/m . The limiting factor is the temperature of the
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structural material at the leading edge which is the result of the relatively

high heat flux (5 MW/ra2) at the leading edge for this concept.

Several alternate approaches were evaluated. Scoping analyses indicate

that these alternate concepts are also feasible up to a neutron wall loading

of 5 MW/ra and a lifetime (75? availability) of 5 years. The limiting factor

for the tantalum slot limiter is the thermal stress at the leading edge.

Tantalum has a higher structural temperature but a lower stress limit than

vanadium alloy. This thermal stress limit at the leading edge is again the

result of the relatively high heat flux at the leading edges. The two

alternate concepts employing the first wall as the limiter (1002 and dual

zone) are limited by the temperature of the deposited coating. Thus, the

design limit on neutron wall loading is directly related to the lifetime (rate

of growth of the deposited material).

There are considerable advantages of using a coating insulator over a

laminated insulator in the coolant channel to reduce pressure drop in the

system. Most important is that by using a coating insulator, the design

becomes relatively insensitive to the magnetic flux density. This provides a

great deal of flexibility in the design of liquid-metal cooled systems since

the attractiveness of the concept no longer hinges only upon the success of

achieving lower magnetic field (higher 6) in the tokamak reactor.

From the engineering design point of view, it is preferable to locate the

slot limiter at the bottom of the plasma chamber instead of the inboard re-

gion. This is due primarily to the limited access in the inboard region which

makes manifolding the coolant system much more difficult. If a laminated or

no insulator is used, it is even more advantageous to locate the limiter at

the bottom since the average magnetic flux density is lower compared to that

in the inboard region.

Following is a list of issues which may have significant impact on the

design of the impurity control system.

1. Allowable temperature and theraal-vechanical properties of

deposited coating: Since some of the designs are limited by

the temperature of the coating material, the temperature limit

(currently assumed to be 70% of the melting point) and the

properties of the deposited material are important factors in
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the design calculation.

2. Heat flux distribution at the leading edge of the slot

Halter: The design of the slot limiter is limited by the heat

flux at the leading edge, it is therefore desirable to identify

ways of reducing the heat flux at the leading edge.

3. Velocity distribution at the leading edge: The velocity

distribution at the leading edge is not well understood at this

time. However, the velocity distribution at the leading edge

is vital to the calculation of the coolant temperature

distribution. For the same reason given in 2, it is necessary

to obtain better flow distribution information at the leading

edge to ensure that no local hot spot is present.

4. Turbulence in the coating insulated duct: If a coating insul-

ator is used in the coolant channels, the effect of the elec-

tro-magnetic force decreases by at least one order of magni-

tude. Turbulence may be present under such circumstances. The

presence of turbulence could significantly improve heat

transfer.

5. Disruption forces on the liaiter: During a plasma disruption,

large electro-magnetic forces are induced in the liaiter, it is

important that the current design can sustain these forces.

6. leliability of the coating insulator: The success of the

reference design and the alternate designs hinge on the

successful operation of the coating insulator. Thus, the

reliability of the coating insulator is of vital importance.
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6.5 Stress and Lifetime Analysis

The stress distribution through the slot liraiter and the lifetime of the

limiter have been analyzed by two separate methods. First, a 2-D finite

element analysis was performed which provided the temperature and stress

distribution through the entire limiter cross section. The analysis is

particularly valuable in determining whether stress design criteria can be met

for this specific limiter design. Second, 1-D stress and lifetime

calculations were performed which analyzed the time evolution of materials

properties, stresses, and strains in the limiter. This analysis includes the

combined effects of material deposition, radiation creep, radiation swelling,

and radiation induced changes in mechanical properties on the lifetime.

Overall, both methods predict that the limiter should be able to operate for a

period of approximately five years under the reference operating conditions.

6.5.1 2-D Finite Element — Stress Analysis

Detailed thermal and stress analyses using the finite element codes

ADINAT and ADINA were performed for both the reference and an alternate design

(using a laminated insulator) for the slot limiter. It is assumed in the

analyses that vanadium is deposited in a stress-free condition at the same

temperature as the surface of the layer on which it is deposited. Thus, as

long as the reactor is on, the deposited vanadium does not change the stresses

in the limiter structure in a significant way. However, a shutdown of the

reactor will introduce significant stresses in the limiter structure if the

deposited vanadium thickness is large. Under normal circumstances without the

deposits, the stresses in the limiter are reduced to zero when the reactor is

shut down. Consequently, the thermal stress allowable (3Sm), which i3 appli-

cable to the maximum range of stress between reactor on and reactor off condi-

tions, essentially controls the maximum permissible thermal stress when the

reactor is on. However, for the case with depositing vanadium, the maximum

stress range between reactor on and reactor off conditions is dependent not

only on the stresses during reactor on but also on the stresses during reactor

off condition. The residual stresses can become the controlling factor if the

deposited vanadium thickness is excessive. The present analyses show that the

maximum permissible thickness of the vanadium deposit is about 3 cm for the
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reference design (using V-15Cr-5Ti as structure) and about 2 cm for the

alternate design using a laminated insulator (using a Ta alloy as structure).

Ideally, to model the behavior of a continuously depositing vanadium

layer, a large number of layers with infinitesimal thicknesses should be used

in the finite element analyses. Each such layer can then be considered to be

deposited in a stress-free condition at a temperature equal to the average

temperature of that particular layer at the instant of deposition. Thus the

stress-free temperature of the deposited layer increases with increasing

deposit thickness. Since in the present designs the surface heat flux on the

deposit is negligible (<0.2 MW/m2), this effect is not significant until the

deposited layer thickness becomes so large that the volumetric heating rate

(=> 18 MW/m ) pushes the maximum temperature of the layer to a very high

value. For the present, the deposited vanadium is divided into layers, 1 cm

thick. Both the thermal conductivity and the elastic modulus are assumed to

be 80% of their fully dense values in order to simulate the expected porosity

of the deposit. However, the deposited vanadium is assumed to remain

uncracked after the reactor is shut down even though large tensile stresses

are developed in it.

6.5.1.1 Reference Design

Figure 6.5-1 shows the geometry and finite element model used for the

thermal and stress analyses. Because of the periodicity of the geometry, only

a thin slice of the limiter needs be analyzed. Figure 6.5-2 shows the heat

load on the limiter. The coolant in the front wall channel is assumed to be

at 230°C with a heat transfer coefficient of 2.8 x 10* W/m2/°C; the corre-

sponding quantities for the back channel are 270°C and 5 x 10^ W/m2/°C. The

coolant pressure is close to one atmosphere and has been ignored in the stress

analysis. The temperature distribution for each thickness of vanadium deposit

is determined by using the finite element program ADINAT. The output from

this program is fed directly into the finite element stress analysis program

ADINA, A generalized plane strain condition is assumed for the stress

analysis.

Figure 6.5-3 shows the variation of the maximum stresses in the W

coating, vanadium front wall, and the vanadium structure as functions of the

deposited vanadium thickness when the plasma is on. For small thicknesses of
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the deposit, the maximum stresses are changed very little. However, with

increasing deposit thickness, the maximum stresses (compressive) in the front

wall are reduced slightly, whereas the maximum tensile stress in the structure

is increased somewhat.

Figure 6.5-4 shows the variations of the maximum stresses when the plasma

is turned off. Again, for small deposit thicknesses, the residual stresses

are very small. With increasing deposit thickness, the maximum stresses

increase significantly. Note that sizeable tensile stresses are generated in

the vanadium deposit itself. In the absence of any mechanical properties data

of the redeposited vanadium, it is assumed that the vanadium deposit does not

crack under this tensile stress.

Figure 6.5-5 shows the maximum ranges of stresses at various locations

with deposit thickness. Note that for small deposit thicknesses, the maximum

stress range in the vanadium structure occurs at the front wall. However,

with increasing deposit thickness, the maximum stress range at the front wall

decreases and that in the rest of the structure increases, so that beyond a

deposit thickness of 2 cm, the stress range in the structure dominates. The

maximum permissible stress range for V-15Cr-5Ti at the relevant temperature is

about 690 MFa, which is greater than the maximum stress ranges indicated in

Fig. 6.5-5. However, it appears that the structure will not sustain a deposit

thickness much larger than 3 cm without violating the secondary stress

criterion.

Leading Edge of Reference Design

The high heat flux (5 MW/m ) at the leading edge results in a raaxittum

structure temperature of 750°C. An approximate analysis based on the

temperature of the structure showed the maximum stress at the leading edge to

be of the order of 800 MPa which is significantly greater than the allowable

690 MPa. A detailed analysis will be needed to verify that the leading edge

can sustain such a high heat flux.

6.5.1.2 Alternate Design Using Laminated Insulator

The alternate design using a laminated insulator uses tantalum (Ta) as

the structural material and does not require a tungsten (W) coating. The only

difference between the geometries of the alternate design using a laminated
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insulator and the reference design is in the coolant channel sizes. In the

alternate design, the channel cooling the front wall is 15 mm x 10 m , and the

cooling channel at the back is 15 mm x 20 mm. The coolant temperatures in

these two channels are taken as 280°C and 485°C respectively, with heat trans-

fer coefficients 4 x 1CT and 2 x 10 W/m /°C. The maximum coolant pressure is

3 MPa. The bulk nuclear heating rate for tantalum is 48 MW/m . The sane

finite element programs that were used for the reference design were also used

to analyze the alternate design using laminated insulators.

Figure 6.5-6 shows the variation of the maximum stresses in the tantalum

structure at two locations during plasma burn as functions of the deposit

thickness. Note that the maximum stress in the front wall changes very

little, whereas that in the interior of the structure increases with

increasing thickness. The bottom half of Fig. 6.5-6 shows the stress in the

same interior location of the structure when the reactor is turned off. As

expected, the maximum stress increases with increasing deposit thickness.

Figure 6.5-7 shows the maximum stress range in the tantalum structure between

reactor-on and reactor-off conditions plotted as a function of the deposit

thickness. It is evident that the tantalum structure can at most sustain a
5

vanadium deposit thickness of about 2 cm before the secondary stress criterion

is violated.

Leading Edge of Alternate Design Using Laminated Insulator

As reported in Ref. 1, for a coolant inlet temperature of 280°C, the

maximum permissible structure temperature at the leading edge, for a realistic

temperature rise (150-2O0°C) of the coolant, should not exceed 650-700°C.

6.5.2 1-P Limiter Lifetime Analysis

6.5.2.1 Introduction

A lifetime assessment of the TPSS limiter ,was performed with the FLIP

computer codev . Both the plasma side surface and the back surface, which

builds up over time, were analyzed. The FLIP code first calculates the

temperature, stress, and strain distribution through a plate based upon the

selected operating and design parameters. Property changes are then

determined for a specific time increment, and the effects of those changes on
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the initial distributions are evaluated. This process is repeated until

failure occurs or the desired lifetime is reached.

The basic inputs to the code are the operating and design parameters.

The design parameters include component material(s) selection, plate

thickness, coolant characteristics, primary stress level, initial crack

length, and plate constraint. The operating parameters include the burn cycle

characteristics (ramp time, burn tine, dwell time), down period duration and

frequency, surface heat flux, neutron wall loading, and surface erosion

rate. Finally, the failure criteria for swelling, deformation, and ductility

are also provided.

Either a single or dual material plate can be analyzed by the code. The

dual material plate is representative of impurity control components which are

likely to have a low-Z material bonded to a structural material. The

materials properties which are considered are the thermophysical, mechanical,

swelling, and neutronic properties. Temperature is the primary parameter

considered for the thermophysical properties. Radiation effects are also

considered in the cases of the thermal conductivity and the elastic modulus.

The mechanical properties considered are the tensile, crack growth, fatigue,

and creep properties. A bi-linear, elastic-plastic behavior is assumed for

the tensile properties. Temperature, stress, fluence, flux, stress and strain

ranges, and stress intensity are the parameters included in determining the

mechanical behavior. Radiation swelling is dependent on the temperature and

fluence, and the neutronic properties depend on the neutron flux and fluence.

A simple thermal-hydraulics subroutine calculates the temperature

distribution through the plate at various times during the burn cycle. The

temperature distribution is then used to calculate the thermal strain

distribution, which is used as input to calculate the stress distribution.

The stresses can be determined for a plate which is either totally constrained

from expansion, allowed to expand but not bend, or is unconstrained. These

three conditions span the possible range of component constraint in the

reactor.

Once the temperature, stress, and strain distributions are determined,

the long term response of the material to the reactor environment can be

evaluated. The code determines the swelling change, creep change, fatigue

damage, and crack growth for a time increment, At, which results in a modified
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strain distribution that is used to calculate the changes in the stresses.

The code also determines the amount of surface erosion or deposition during

the time increment. The reduction or increase in plate thickness results in a

modified temperature distribution. The property change calculations are than

repeated using the modified distributions until either the failure criteria

are met or the component reaches the goal lifetime. For calculational pur-

poses, the temperature and stresses are assumed to remain constant during the

time increment. Therefore, At must be chosen such that the stress change is

small compared with the total stresses in order for this approach to

reasonably approximate in reactor behavior.

6.5.2.2 Plasma Side Analysis

The limiter structure facing the plasma consists of 2 m of tungsten

which is metallurgically bonded to 2 mm of V-15Cr-5Ti. The reference oper-

ating conditions are a surface heat load of 3.3 MW/m and a neutron wall load

of 5 MW/ra . A summary of the operating conditions is given in Table 6.5-1.

Since the effects of radiation on these materials are not well characterized,

several assumptions concerning the materials properties were made. A suanary

of these assumptions is given in Table 6.5-2. The thickness of the Material

facing the plasma is low in order to accommodate the high heat loads. Because

of the low plasma edge temperature, the erosion rate is assumed to be zero.

The temperature distribution through the limiter is shown in Fig. 6.5-8

for heat loads of 3.3 and 5 MW/m . The temperature gradient through the tung-

sten is low due to its high thermal conductivity compared with V-15Cr-5Ti.

The peak temperature in the vanadium is ~950 K (677°C) at 3.3 MW/n2 and ~1085

K (812°C) at 5 MW/m2. Since the peak allowable temperature for V-15Cr-5Ti has

been set at 750°C, a heat load of 5 MW/m2 is slightly beyond the allowable

limit for this design. The temperature distribution is assumed to remain

unchanged during the life of the limiter.

6-72



<

Ul

I-

1400

1300

1200

MOO

1000

900

800

700

600

500

2mm Won 2mm V - l 5 C r - 5 Ti
5.0 MW/ m2 NEUTRON WALL LOAD

SURFACE FLUX
5 MW/m2

3.3 MW/m2

COOLANT INTERFACE-

PLASMA SIDE SURFACE

^COOLANT TEMPERATURE

I I
I 2

THICKNESS, mm

Figure 6.5-8
Temperature distribution through limiter for surface heat

loads of 3.3 and 5 MW/m .

6-73



TABLE 6.5-1
Design Conditions for TPSS Liaiter Surface Stress Analysis

Parameter Value

Material

surface
structure

Material Thickness

surface
structure

Interface Bond Stress
Free Temperature

Neutron Wall Load

Surface Hall Load

Availability

Lifetime Goal

Operating Mode

Stress Conditions

Coolant Temperature

Effective Heat Transfer
Coefficient

tungsten
V-15Cr-5Ti

2 ram
2 nun

700 K

5 MW/m2

3 . 3 MW/m2, 5 MW/n2

75Z

5 y

steady state

Allowed to expand but not bend, totally

constrained

600 K

40,000 W/a2 K

The stress distribution through the limiter surface structure is shown in
A

Fig. 6.5-9 for a surface heat load of 3.3 MW/m . These calculations were made

assuming that the plate is totally constrained frow expansion, which is

believed to be the most severe stress constraint. During the burn cycle, the

stresses through the plate are generally compressive, and during the dwell

cycle, the stresses are generally tensile. The maximum difference in stresses

between the burn and dwell cycles is ~1000 MPa which is quite high. If the

reactor operated in a high cycle mode, then these high stresses would likely

lead to fatigue or crack growth failure. However, this type of failure is not

predicted to be a problem here, because of steady state operation.
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TABLE 6.5-2
Material Property Assumptions for Limiter Stress Analysis

General

1. No influence of stress on swelling.
2. Radiation damage rates, helium generation, and nuclear heating

calculated for fusion neutron spectrum.
3. No coolant stress corrosion effects.
4. Irradiation effects based largely on fast reactor data.

Tungsten

1. Fast reactor swelling behavior.
2. Radiation creep like HT-9.
3. Initial mechanical properties based upon annealed material data.

V-15Cr-5Ti

1. Swelling behavior based upon 60 dpa incubation period followed by
swelling like pure V.

2. Radiation creep like HT-9.
3. Change in ductility based upon data for V-20Ti.

Bedeposited Vanadium

1. Density of redeposited material is 70Z theoretical density.
2. Thermal conductivity and elastic modulus are reduced because of low

density. ]
3. Mechanical properties and irradiation effects are those of pure

vanadium.

Surprisingly, the stress distribution does not significantly change

during 5 y of operation. The distribution remains unaltered in spite of the

occurrence of radiation swelling aad creep. It appears that this situation ia

the result of the particular design, operating conditions, and materials

properties. In general, the stress would be expected to change much more with

other designs.

The effects of radiation on the limiter plate are shown in Figs. 6.5-10

and 6.5-11. Figure 6.5-10 illustrates the reduction in uniform elongation in

V-15Cr-5Ti during the burn period. For most of the limiter life, the uniform

elongation is predicted to be less than 2t. During normal operation, a
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Figure 6.5-10
Change in uniform elongation of V-15Cr-5Ti during limiter operation.
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Figure 6.5-11
Peak swelling and creep in the limiter plate during 5 y operation.
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reduction in ductility will not affect the limiter operation, but there will

be less of a safety margin to accommodate accidents and off-normal events.

The peak swelling and creep rates in the liraiter plate are shown in Fig. 6.5-

11. The peak level of creep is expected to reach ~3%, while the peak level of

swelling is predicted to reach 10%. Creep and swelling tend to occur in

opposition to each other, however, so that the total change in dimensions for

this 1-D analysis is essentially zero. Since there is a net volume increase

with swelling, the increase in dimension will occur in the thickness direction

of the plate where the stress levels are relatively low. The total amount of

swelling expected is somewhat high, but it should be noted that the long term

swelling response of materials under fusion conditions is quite uncertain at

present.

6.5.2.3 Backside Structure

The backside of the limiter blade will be used to trap the helium

produced in the plasma. During operation, pure vanadium will be deposited on

the backside surface to create fresh trapping sites, and over time the

vanadium is expected to build up to a level of ~3 cm. The operating

conditions used for analyzing the backside structure are presented in Table

6.5-3. A key issue in this analysis is the uncertainty associated with the»

property values of the deposited vanadium. Experiments to produce this

material and to determine its properties are highly desirable.

The predicted temperature distributions through the backside structure

are shown in Fig. 6.5-12. After 5 y of operation, the peak temperature

reaches ~1200 K (0.55 T m) which is within the selected temperature limit for

helium trapping. At the greater thicknesses the nuclear heating becomes a

factor in determining the temperature distributions.

The stress distributions at various times are shown in Figs. 6.5-13 and

6.5-14. Figure 6.5-13 illustrates the stresses when the plate is assumed to

be able to expand but not bend, and Fig. 6.5-14 shows the stresses when the

plate is totally constrained. During the burn cycle, the stresses through the

plate are quite low (< 100 MPa) during the entire lifetime. Larger stresses

are predicted during the dwell period, with the magnitude of the stresses

increasing with time as the plate thickness increases. The stresses during

the dwell period are tensile on the side with the material buildup, and
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Figure 6.5-12
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corapressive on the coolant side (Fig. 6.5-13). The peak tensile stress

reaches the material yield stress after 5 y for the case where the plate is

allowed to expand but not bend, and it reaches the yield stress after only ~3

y for the totally constrained case. Although these stresses are high, they

are not expected to seriously affect the lifetime largely because the reactor

operates in a steady state mode rather than a high cycle mode. There is an

indication, however, that for a totally constrained situation the limiter

lifetime may be less than 5 y.

TABLE 6.5-3
Design Conditions for Che TPSS Limiter Backside Structure

Parameter Value

Material
structure
trapping material

Material Thickness

V-15Cr-5Ti
pure vanadium, 70Z TD

structure
trapping material

Neutron Wall Load

Surface Heat Load

Availability

Lifetime Goal

Operating Mode

Material Buildup Rate

Stress Conditions

Coolant Temperature

Effective Heat Transfer Coefficient

2 mm
variable

2.5 MW/m2

0.2 MW/m2

75%

5 y

steady state

2.5 x 10" 1 0 m/s

allowed to expand but not bend

600 K

40,000 W/m2 K

The effects of radiation on creep and swelling are expected to be

minimal. Peak swelling is caculated to be ~3.5Z at the end of 5 y, and the

peak level of creep is expected to be ~1% for the case where the plate is

allowed to expand but not bend.
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6.5.3 Conclusions

Several conclusions can be made from this analysis.

1. A limiter using V-15Cr-5Ti as the structural material is

preferred over one using a tantalum alloy.

2. The surface heat flux limit for the baseline design is

< 3.3 MW/tn based upon the maximum allowable temperature for

the vanadium structure. At 5 MW/ra2, the peak temperature and

stress criteria are exceed.

3. A lifetime of <5 y is predicted for the plasma side surface

structure at a heat load level of 3.3 MW/m^. This conclusion

applies to both the totally constrained case and the case where

the plate is allowed to expand but not bend. The major concern

is the potentially high level of radiation swelling.

4. Stresses in the limiter can reach high levels, but steady state

operation alleviates the concern that those stress levels will

result in fatigue or crack grcwth failure.

5. The limiter backside structure remains within allowable

temperatures after 5 y of operation.

6. A lifetime of < 5 y is predicted for the backside structure for

the case where the plate is allowed to expand but not bend. A

totally constrained plate exceeds the material yield stress

after ~3 y. The maximum allowable thickness of the deposited

vanadium is ~3 cm.

7. A limiter lifetime * 5 y appears to be achievable. There are

some uncertainties however. The main uncertainty is associated

with the lack of information about the deposited vanadium used

to trap the helium ash. Any degradation in the bulk properties

beyond those assumed here would likely result in a reduced
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lifetime. Another uncertainty concerns the integrity of the

interface bonds between the tungsten and V-15Cr-5Ti. Finally,

there are uncertainties in the long term effects of 14 MeV

neutron damage.
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7.0 FIRST WALL/BLAHKET/SHIELD

7.1 Summary

During the first year of TPSS, the design options afforded by the favor-

able geometric configuration and the lower toroidal magnetic field of the TPSS

reactor were explored. ̂ ' The self-cooled lithium breeder with a vanadium

alloy structure was retained as the reference blanket concept in the current

study. This concept provides several inherent characteristics that enhance

the attractiveness of fusion as an energy source. In the previous year (TPSS-

85), a number of different design solutions corresponding to different geo-

metric configurations were developed. Each design solution attempted to opti-

mize one or more of the attractive features of the lithium/vanadium system and

to take into consideration possible scenerios that may result from major

uncertainties. In the current effort, to further improve this first wall/

blanket/shield concept, emphasis was placed on design simplicity, improved

safety, reduced activation, and high performance. Special issues addressed

included high reliability and long component lifetime, inherent safety,

enhanced blanket energy multiplication, electrically insulating walls to

reduce MHD constraints, a helium-cooled shield, and cost optimization.

7.1.1 Configuration <

Since lithium can serve as both breeder and coolant, a simple integrated

first wall/blanket design configuration with a single pass, poloidally ori-

ented coolant flow has been developed. This concept makes use of electrically

insulated coolant channel walls and takes advantage of the lower magnetic

field to reduce MHD-related pressure constraints. This provides for a low

pressure heat transport system, which combined with the simple configuration,

should substantially enhance the reliability of the first wall/blanket system.

The reference design provides relatively large design margins with respect to

neutron wall load limits and MHD induced stresses, which should contribute to

high reliability. All in-core complexity associated with tritium recovery is

eliminated, since tritium can readily be recovered from a small slip stream

off the external coolant loop. Also, concerns related to coolant-breeder

interactions are avoided with lithium as both breeder and coolant.
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The lithium-vanadium system also provides several inherent safety advan-

tages. Because of the relatively high solubility of tritium in lithium,

containment of tritium during normal operation appears to be much easier than

for other blanket systems. The low pressure (< .5 MPa) coolant, high heat

capacity and thermal conductivity of lithium, and relatively low after heat in

this system provide substantial advantages in the event of a loss-of-flow

accident (LOFA). The high temperature properties of vanadium provide a large

margin for thermal transients. Design solutions developed to improve safety

include use of a nitrogen cover gas to eliminate lithium-air reaction, and use

of a helium-cooled shield to eliminate a potential lithium-water reaction.

Manifolding of the coolant system through the core of the torus also provides

safety advantages by confining the lithium to limited regions.

The entire first wall/blanket system is designed with reduced activation

materials. Both the lithium coolant and the V-Cr-Ti ternary alloy structure

meet low activation waste disposal criteria. The tungsten used for energy

multiplication and shielding were also selected on the basis of reduced

activation considerations. Waste management requirements are minimized by use

of a long lifetime (~ 5 yr) structure and by designing the back portion of the

blanket (i.e., the reflector that contains W or CaO) for full reactor life.

An energy conversion efficiency of 42% is attainable by taking advantage

of the high temperature properties of vanadium. Incorporation of tungsten in

the back part of the blanket (reflector) provides for effective energy

multiplication (1.3) in the blanket and reduced blanket/shield thickness for

adequate magnet shielding. Tungsten is cost effective in the inboard blanket;

however, CaO is used in the outboard blanket because of economic

considerations.

A helium-cooled shield has been developed for use with the lithium-cooled

blanket to reduce concerns related to lithium-water reactivity. Titanium

hydride (TiH2) is used in place of the 1^0 as the neutron moderator. This

helium-cooled shield provides shielding characteristics similar to an effec-

tive water-cooled shield.

Key first wall/blanket/shield parameters for the reference design are

listed in Table 7.1-1.
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TABLE 7.1-1

First Hall/Blanket/Shield Design Parameters

Structural material V-Cr-Ti alloy

Breeder/coolant Natural Li

Insulating coating GaO

Reflector material (Inbd/Outbd) W/CaO

Blanket thickness (Inbd/Outbd), cm 65/85

Shield composition Fel422 alloy/B4C/TiH2/He

Thermal power, MW 2200

Coolant temperature (T£n/
T
out)> °

c 280/550

Coolant mass flow rate, Kg/s 1930

Coolant pressure (pmax)» MPa ~ 0.5

Shield composition Fel422 alloy/B4C/TiH2/He

The major uncertainty associated with the reference blanket relates to

the integrity of the insulating coating on the coolant channels. Alternate

designs that incorporate insulating walls of the laminated type or first wall

coolant channels parallel to the magnetic field provide attractive blanket

options if a stable insulating coating cannot be developed.

7.1.2 Materials Data Base

The materials data base assessment focused primarily on development of

insulating coatings for the coolant channel walls and corrosion/mass transfer

in a bimetallic vanadium alloy/ferritic steel heat transport loop. The use of

an insulating coating provides substantial advantages; however, further work

is required to develop a reliable coating. CaO is proposed as a reference and

ideally can be formed in-situ. In reality, the coating may be a complex oxide

that includes vanadium, e.g., a calcium vanadate. Beryllium oxide is a possi-

ble backup coating.

Analysis of the nonmetallic element transfer indicated that nitrogen and

carbon levels in lithium must be maintained at very low levels (<_ 10 wppra) to

prevent carbide and/or nitride formation on vanadium. Dissolved or solid

getters appear feasible for attaining the required levels if stabilized
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ferritic steels are used in the system. A lower cost vanadium alloy, e.g.,

ferrovanadium, may also be an acceptable solution for the exreactor heat

transport system.

7.1.3 Nucleonics Analysis

A nucleonics study of the lithium self-cooled blanket with a vanadium

alloy structure and tungsten or calcium oxide as an energy multiplier/

reflector was conducted to define and optimize the performance for specified

criteria. The main parameters considered in the study were tritium breeding

ratio (TBR), energy multiplication in the blanket, energy lost to the shield,

total blanket/shield thickness, and lithium fraction in the reflector zone.

Based on results of the parametric analysis, tungsten was proposed as the

reflector material in the inboard blanket. The compositions and thicknesses

of the reference inboard and outboard blankets are summarized in Table 7.1-2.

TABLE 7.1-2
Composition and Thickness of Reference Blanket

Inboard Blanket Outboard Blanket

Thickness Thickness
cm Composition cm Composition

First Wall I 0.5 Li, 0.5 V* 1 0.5 Li, 0.5 V

Breeding Zone 35 0.925 Li, 0.075 V 30 0.925 Li, 0.075 V

Reflector 30 0.1 Li, 0.1 V, 0.8 Wt 55 0.1 Li, 0.1 V, 0.8 CaOt

*V represents V-Cr-Ti alloy.

tA 0.9 density factor is used.

A net TBR of > 1.2 and an energy multiplication factor of v 1.3 are predicted

for the reference case.

The nucleonics study also included an evaluation of different shield

materials, compositions, and shield thicknesses. A key issue was to develop

an effective non-water cooled shield to reduce the concern for lithium-water

reaction in the event of a leak. An effective 37 cm thick heliuin-cooled

shield consisting of steel, B^C, and TiH2 was developed.
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7.1.4 Thermal-Mechanical Analysis

A detailed therraomechanical analysis was carried out for the inboard

blanket configuration, and a global stress analysis was conducted to evaluate

stress-related issues associated with the poloidal flow blanket. Coolant

channels were sized to maintain a uniform temperature rise through the blan-

ket. Average flow velocities ranged from ~ 1 m/s in the first wall to ~ 0.1

m/s through the breeding zone and < 0.5 m/s in the reflector. The pressure

drop through the blanket of 0.4 MPa resulted in acceptable stress levels to

meet the critical criterion of <5X radiation creep strain in 5 years. The

global stress analyses were conducted to evaluate (1) stresses during startup,

(2) steady state thermal stresses, and (3) effects of radiation induced stress

on the module.

7.1.5 Tritium Containment/Recovery

Key aspects of tritium recovery from lithium blankets were analyzed for

the TPSS parameters. Two methods addressed in detail were the molten salt

concept and the paladium catalyzed oxidative diffusion concept. Both concepts

have been demonstrated on a laboratory scale; however, considerable effort on

scale-up is required. Tritium concentrations can be maintained at _<_ 1 wppn in

lithium, which corresponds to ~ 35 g of tritium in the blanket and 1-2 tines

this amount in the exreactor system or 70-100 g in the entire lithium system.

7.1.6 Safety Analysis

Safety analyses were conducted to evaluate various safety aspects; how-

ever, emphasis was placed on inherent safety and lithium reactivity issues.

Calculations based on very conservative assumptions indicate that the refer-

ence concept provides a high degree of inherent safety. Chemical reactivity

problems associated with lithium were largely resolved by use of a nitrogen

cover gas in the reactor hall, provision of a steel liner for exposed con-

crete, and design of non-water-cooled limiter and shield. Predicted corrosion

rates of vanadium in high purity lithium are sufficiently low that hands-on

maintenance of exreactor components (IHX and steam generator) appears

feasible.
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7.1.7 Key Issues

Key feasibility issues associated with the reference design relate to (1)

development of an effective insulating coating for the coolant channel walls,

(2) development of vanadium-base alloy structure (including liquid aetal

corrosion and radiation effects), and (3) demonstration of the inherent safety

characteristics.

References for Section 7.1

1. C. C. Baker, et al., "Tokamak Power Systems Studies FY 1985," ANL/FPP-85-

2, December 1985.
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7.2 Scope/Approach

The first wall/blanket/shield design activity focused on the development

of improved concepts that can be incorporated into the high g reference reac-

tor concept developed in the TPSS effort. Generic blanket concepts considered

in the first phase of the study (TPSS-FY85) were based on the leading can-

didates identified in the Blanket Comparison and Selection Study (BCSS). '

These included the leading self-cooled liquid metal concept, viz., liquid

lithium as a breeder/coolant with a vanadium alloy structure; and the leading

solid breeder concept, which incorporates helium coolant. In addition, an

innovative concept based on a self-cooled LiF-BeF2 design was evaluated in

less detail. The current effort on the TPSS blanket was focused on the self-

cooled lithium/vanadium concept.

Features of the TPSS reactor design that had a major influence on the

blanket/first wall/shield system included:

• High (3 plasma with relatively low magnetic field (~ 7T).

• Compact reactor size with high performance, minimal capital cost,

effective mass utilization, and improved maintenance features.

• Emphasis on safety and minimal environmental impact.

• Steady state operation with RF current drive/heating.

o Moderate aspect ratio (A — 6).

With respect to the blanket/first wall/shield system, emphasis was placed

on design simplicity, improved safety, reduced activation, and high perfor-

mance. Special issues addressed included the ability to achieve high reli-

ability and long component lifetime, inherent safety, blanket energy multi-

plication, electrically insulated walls to reduce MHD effects, and a helium-

cooled shield.

The lithium/vanadium first wall/blanket concept provides several inherent

characteristics that enhance the attractiveness of fusion as an energy source.

The approach used in this blanket/first wall/shield study, was to further opti-

mize all of the favorable inherent characteristics of the concept and to

resolve and/or minimize the impact of any less desirable features.

Table 7.2-1 presents a summary of several inherent characteristics of

vanadium and lithium that are favorable for the blanket/first wall
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application. The areas of primary impact, viz., engineering attractiveness

(e.g., design simplicity, reliability, and low pressure coolant), safety and

environmental impact, and economics are indicated.

TABLE 7.2-1
Stnuary of Inherent Favorable Characteristics of

Vanadiua/Lithitaa Blanket Concept

Engineering Safety
Attractiveness Environmental Economics

Vanadium Properties

- high temperature operation

conversion efficiency + + +

- high wall loading capability + +

- radiation swelling resistance

(long lifetime) + + +
- high temperature thermal stability

(reduced radioactivity release) + + +

- low long-term radioactivity + +

- lithium compatibility + +

Lithium Properties

- combined breeder/coolant function + + +

- effective tritium breeding

(neutron multiplier not required) + +
- high tritium solubility

(containment) + + +

- high heat capacity/thermal

conductivity + + +

- low residual radioactivity + + +

- low pressure coolant + + +
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As in all systems, the vanadium-lithium concept exhibits a few inherent

characteristics that must be accommodated by special design solutions to pro-

vide an attractive blanket. Dominant among these are: (1) the chemical reac-

tivity of lithium with air and water, (2) magnetohydrodynamic (MHD) effects

associated with a flowing electrical conductor in a magnetic field, and (3)

the cost of vanadium. The current study has addressed each of these issues

and provided analyses that evaluate the effects on overall system safety and

performance for several design solutions. Proposed solutions for ameliorating

these issues include:

Chemical reactivity of lithium with air and water

- nitrogen cover gas in reactor room to eliminate air reaction

elimination of water in reactor components, e.g., lithium-cooled

limiter and helium-cooled shield.

minimization of exreactor lithium volume

• Liquid metal MHD effects

incorporation of electrically insulating walls

minimization of flow velocity perpendicular to magnetic field

• Cost of vanadium

- partially permanent blanket with only front portion of blanket

replaceable

- use of low cost vanadium alloy or stabilized ferritic steel in

exreactor heat transport system.

A recommended reference design for the blanket/first wall/shield system, and

several attractive alternate solutions, are presented and analyzed in the

following sections. Each solution attempts to take advantage of the inher-

ently favorable characteristics of the vanadium-lithium system within a

consistent set of guidelines and constraints. The alternate solutions provide

choices for those areas in which uncertainties exist.
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References for Section 7.2

1. C. C. Baker, et al., Argonne National Laboratory Report, ANL/FPP-85-2,
December 1985.

2. D. L. Smith, et al., "Blanket Comparison and Selection Study - Final
Report," ANL/FPP-84-1 (Sept. 1984).
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7.3. Design Configuration

7.3.1 Description and Rationale

During the first year of TPSS, the design options afforded by the favor-

able geometric configuration and the lower toroidal magnetic field of the TPSS

reactor were explored. ' The self-cooled lithium breeder with a vanadium

alloy structure was retained as the reference blanket concept. This concept

provides several inherent characteristics that enhance the attractiveness of

fusion as an energy source. In the previous year (TPSS-85), a number of dif-

ferent design solutions corresponding to different geometric configurations

were developed. Each design solution attempted to optimize one or aore of the

attractive features of the lithium/vanadium system, and to take into consid-

eration possible scenerios that may result from major uncertainties. In the

current effort, to further improve this first wall/blanket/ shield concept,

emphasis was placed on design simplicity, improved safety, reduced activation,

and high performance. Special issues addressed included high reliability and

long component lifetime, inherent safety, enhanced blanket energy Multipli-

cation, electrically insulating walls to reduce MHD constraints, a helium-

cooled shield, and cost optimization.

Following the qualitative and quantitative evaluation of several design

options during the first year of TPSS,^' a liquid metal blanket that incor-

porates electrically insulating coatings on all walls was chosen as the most

desirable for the TPSS reactor. Such a choice is consistent with the general

philosophy of TPSS of opting for the most favorable yet credible option avail-

able. The insulating wall concept allows one to develop a very attractive

first wall/blanket design by addressing mechanical, thermal hydraulic, and

neutronic requirements in the most direct and simple way rather than trying to

minimize adverse MHD pressure drop effects by utilizing more complex flow

configurations. Even with insulated walls, tnagnetohydrodynamic effects

associated with the effect of turbulence suppression on heat transfer are

still present. Therefore, proper care must be taken to avoid configurations

which create stagnant fluid regions near high heat flux surfaces, negate the

effect of the insulating coating by providing current closure paths through

the liquid metal, or result in poor distribution of flow. This is easily done

without compromising the simplicity or the performance of the blanket.
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In choosing an insulated wall concept a number of challenging MHD-related

issues are eliminated. On the other hand, the credibility of such a design is

based entirely on the integrity of the proposed insulating coatings in the

blanket environment. Several candidate ceramic insulators possess the neces-
(1 0}sary resistivities to satisfy the electrical insulation requirements.'' » '

The primary uncertainties regarding the use of insulating coatings involve

their compatibility with lithium and the structural material and their degra-

dation under neutron irradiation. Detailed discussion of the materials and

compatibility issues associated with the insulating coating is presented in

Section 7.4. Although much more work in addressing these issues will be

required in the future, a preliminary assessment has identified CaO or a

complex of this oxide with other material components as a promising insulating

coating. Calcium oxide has been, therefore, selected as the insulating

coating material for the reference first wall/blanket design.

It should be stressed that the proposed design is not the only attractive

design that can be developed for the TPSS reactor. Other designs utilizing

insulating liners, different configurations, and bare metal walls have been

considered and will be discussed in the following sections. If, in the

future, it is shown that insulating coatings cannot be realistically imple-

mented, one of the other options can be offered as a viable alternative.

The proposed design has an integrated first wall and blanket. The back

part of the blanket, which is referred to as a reflector, is designed for

reactor lifetime operation. The low temperature shield is cooled separately

with helium to avoid chemical reactivity problems. A limiter serves as an

impurity control device. The reactor is composed of eight modules. Each

consists of two toroidal field coils and four blanket assemblies (two inboard

and two outboard). A module is shown schematically in Fig. 7.3.1-1, and a

blanket assembly in Fig. 7.3.1-2. In the following, only the inboard assembly

will be described in detail. The outboard assembly is similar except that the

thicknesses of the "blanket", the reflector, and the shield are different, as

is the composition of the reflector.

In the inboard region, there is a strong incentive to maintain a total

blanket and shield thickness as low as possible. Tungsten is used in the

reflector because of its excellent shielding characteristics and good energy

multiplication. In the outboard region where thickness is less critical, the
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Figure 7.3.1-1 TPSS Reactor Module - The reactor consists of eight such
modules.
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ACCESS FOR LIMITER INLET AND OUTLET DUCTS

INLET MANIFOLDS

Figure 7.3.1-2 Inboard blanket assembly of the TPSS reactor. The assembly is
composed of two separate parts, the breeding zone/first wall
and the reflector. Each part has its own manifolds and inlet
and outlet ducts. The reflector lasts for the lifetime of the
reactor. The breeding zone/first wall is replaced
periodically.
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reflector and shield are thicker, and a much less costly material, CaO, can

now be used for the energy multiplier. Table 7.3.1-1 gives the reference

values for the first wall, breeding zone, and reflector thicknesses. The

required volumetric fractions of the various materials in the different zones

are also indicated.

TABLE 7.3.1-1
Distribution of Materials in the Inboard and Outboard Blankets

First Wall
Breeding Zone
Reflector

Inboard Blanket
Thickness

1
35
30

lutboar

1
30
55

cm
cm
cm

d Blanket

cm
cm
cm

Volumetric

0.5
0.925

0.1 Li,

0.5
0.925

0.1 Li,

Li,
Li,
0.1

Li,
Li,
0.1

Tractions

0.
0.
V

0.
0.
v,

5 V*
,075 V
, 0.8 W

.5 V
,075 V
0.8 CaO

First Wall
Breeding Zone
Reflector

* V represents a V-base alloy (V-15Cr-5Ti is used as the reference).

The reactor is designed so that the integrated first wall and breeding

zone are serviced by separate manifolds and inlet and outlet ducts than those

used by the reflector. As a result, the first wall and the breeding zone can

be replaced periodically, whereas the reflector is designed to last for the

lifetime of the reactor.

Coolant is brought into the blanket assembly through the magnet coils by

one 25 cm and one 20 cm diameter pipes at the bottom of the assembly. The 25

cm pipe empties into the FW/breeder manifold, and the 20 cm pipe empties into

the reflector manifold. The two manifolds with combined cross sectional area

50 cm x 50 cm extend along the entire toroidal length of assembly. Coolant

ducts emanate from the manifolds, run along the poloidal direction, and empty

into identical manifolds symmetrically located at the top half of the

assembly. Outlet pipes identical to the inlet ones take the coolant out of

the reactor. The FW/breeder inlet manifold and some of the coolant ducts in

its vicinity are configured so as to allow passage for the inlet and outlet

coolant ducts serving the limiter.
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Figure 7.3.1-3 shows a section of the inboard blanket by a horizontal

midplane of the the torus. The first wall is a continuous 4 mm thick plate.

The first wall coolant channels are rectangular ducts 10 mm x 50 mm in cross

section. The coolant ducts of the breeding portion of the blanket, which is

approximately 34 cm thick, are rectangular in cross section. Their radial

dimension increases towards the back of the blanket as shown in Fig. 7.3.1-3.

The first wall was chosen to be smooth both for ease of fabrication and

because, at least for some design options, it has some MHD related advantages.

The disadvantage of a flat wall is the fact that the maximum material stress

is a bending stress which is considerably higher than a corresponding hoop

stress. This limits either the maximum allowable pressure, or.the duct dimen-

sion in the toroidal direction. The latter option increases the total number

of ducts. The first wall thickness of 4 mm is a compromise between lower

bending stresses and lower temperature drop across the first wall and lower

thermal stresses. The first requirement dictates a thicker first wall whereas

the other two dictate a thinner one. The 4 mm given here does not include any

sacrificial layer to be eroded away during the lifetime of the reactor.

The radial dimension of the first wall coolant channel must be made as

small as possible. This is due to the fact that the high coolant velocity at

the first wall channel required to cool the first wall results in lower

average exit temperature of the coolant, unless the radial dimension is made

sufficiently small. Here, a dimension of 10 mm was thought to be a reasonable

compromise between this requirement and the virtual elimination of any possi-

bility of first wall coolant plugging.

The velocity of the coolant in the breeding zone ducts decreases with

decreasing radial position. This is so as to make the exit temperature from

all the channels identical, thus maximizing average exit temperature and ther-

modynamic performance. Given the fact that the distribution of volumetric

energy deposition in the blanket becomes flatter away from the first wall, the

tailoring of the velocity to the local deposition rate can be accomplished

with ducts whose radial dimension increases with distance from first wall.

For the reference inboard system, there are ~500 coolant channels in the

first wall and ~3,000 channels i)n the breeding zone. The coolant ducts in a

blanket assembly can be either individual ducds with wall thicknesses one half

of that shown here, or $hey can be |ormed by welding separating walls in

• - ! *
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FIRST WALL
1.0 cm
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(Typ.)

••-0.5 cm
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™
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35.7 cm

Figure 7.3.1-3 Cross section of the integrated first wall and breeding zone
of the TPSS reactor. The dimensions shown are for the inboard
blanket. The outboard blanket is similar but has a thinner
breeding zone. The toroidal duct dimension of 5.0 cm
corresponds to the first wall channel. For simplicity, the
decrease of this dimension with radial position is not shown.
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panels extending in poloidal-radial planes. The outboard first wall/blanket

system is similar with ~60% more channels.

The inboard reflector region, shown in Fig. 7.3.1-4, extends 30 cm in the

radial direction at the midplane and consists of 80% tungsten with a vanadium

structure and lithium coolant breeder. Since the energy deposition rate is

less, the area required for coolant is also lower. The tungsten powder pro-

vides effective shielding as well as energy multiplication. The coolant

velocity is maintained at the same level in all channels. The tungsten volume

cooled by each channel is adjusted to make the total energy carried away by

each channel and, consequently, the exit temperature is approximately the

same. Because the energy deposition rate decreases with distance fro* the

first wall, the size of the area cooled by each channel increases in the back

part of the reflector. The total number of coolant channels in the inboard

reflector is ~3000. The outboard reflector is similar except that the tung-

sten is replaced with calcium oxide, primarily because of economic considera-

tions. The CaO is low cost, an effective energy multiplier, and does not

produce excessive long term activation products. Since the neutron flux is

substantially degraded in the reflector, compared to the first wall, both the

inboard and outboard reflectors are designed for full reactor life. This

provides significant benefits in terms of both material resources and waste

management.

Because the coolant velocity in the first wall channels, the breeding

zone ducts, and the reflector ducts, are different, so are the associated MHO

pressure drops. In order to balance the pressure drops, short metal inner

sleeve inserts are placed at the inlet manifold/coolant duct junctions. The

wall thickness and length of these inserts are adjusted so that the MHD pres-

sure drop caused by each insert and the MHD pressure drop through the corres-

ponding duct add up to the total pressure difference between the inlet and

outlet manifolds. This means of pressure balancing is immune to plugging, a

distinct advantage over conventional orifices and constrictions. Because the

velocity in the first wall channel is much higher than that in the breeder and

reflector area, most of the blanket is at a very low pressure. In fact, even

in the first wall channels the pressure drop is only 0.06 MPa. The pressure

drop across the manifolds also will be very low for insulated walls. Because

the pressure drop through the coolant ducts is low, extra care is required to
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Figure 7.3.1-4 Cross section of the inboard reflector of the TPSS reactor.
The outboard reflector is similar but thicker. The shaded
area is the reflector material (tungsten for the inboard and
CaO for the outboard). The toroidal dimension of 4.7 cm
corresponds to the mean radial position of the reflector.
This dimension increases towards the breeding zone and
decreases towards the shield.
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assure that the flow will be distributed appropriately in the coolant ducts.

In ordinary fluid mechanical situations, similar flow maldistribution problems

are solved with the introduction of orifices at the manifold/coolant channel

junction. The orifices are designed to introduce a pressure drop a few times

larger than that suffered through the coolant duct length. An identical

solution is adapted for the case at hand. Instead of traditional orifices,

MHD "orifices", namely short, thin conducting wall inserts, are utilized. In

fact, since inserts have been already introduced for pressure balancing, they

need only be designed to produce a higher pressure drop than would have been

necessary for pressure balancing alone. For example, the insert for the first

wall coolant channel is designed to introduce a pressure drop of 0.18 MPa

which is 3 times higher than the pressure drop through the first wall channel.

An insert with 1 mm wall thickness and 5 cm long would produce such a pressure

drop. The total MHD pressure drop through the blanket is then less than 0.4

MPa. Most of the pressure drop would occur upstream of the coolant channels

themselves so that the pressure within the blanket is low.

A summary of the first wall/blanket/reflector parameters is given in

Table 7.3.1-2.

7.3.2 Alternate Approaches

The proposed design has not been pushed to its performance limits. The

peak absolute pressure in the first wall coolant channels is 0.34 MPa, which

is more than a factor of 3 lower than the allowable pressure of 1.1 MPa deter-

mined from stress considerations (see Section 7.6.1). In fact, of the 0.34

MPa, only 0.14 MPa is due to the MHD pressure drop. The remaining 0.2 MPa is

the specified absolute pressure at the reactor outlet. This means that the

MHD pressure drop can be increased to 0.9 MPa before the stress limit in the

blanket is reached. As a result, the coolant velocity and/or the toroidal

magnetic flux density can be increased significantly beyond their values for

the reference design. Increased velocity is, of course, required for higher

neutron wall loadings. Increased toroidal magnetic fields are the result of

higher neutron wall loadings and/or operation at lower 0. More specifically,

the design margin is such that, for 5 MW/m , the toroidal magnetic field can

be increased by a factor of 4 before the stress limit is reached. Clearly

then, the blanket design is adequate for reactors with much lower 6 than the



TABLE 7.3.1-2
TPSS First Wall/Blanket

Inboard/Outboard*

Structural Material: V-Alloy

Coolant: Lithium

Insulating Coating: CaO

Reflector: W/CaO

Total Thermal Power: MW 820/1380

Thermal Power in FW Channels: MW 140/250

Thermal Power in Breeding Zone: MW 470/630

Thermal Power in Reflector: MW 210/500

Inlet Temperature: °C 280

Outlet Temperature: °C 550

Peak Structural Material Temperature: °C 700

Total Mass Flow Rate: kg/s 720/1210

Mass Flow Rate Through First Wall Channels: kg/s 120/220

Mass Flow Rate Through Breeding Zone: kg/s 420/550

Mass Flow Rate Through Reflector: kg/s 180/440

Average Velocity Through First Wall

Channels: m/s 0.9/1.1

Average Velocity Through Breeding Zone: tn/s 0.1/.15

Average Velocity Through Reflector: m/s 0.5/.24

Pressure Drop Through Blanket: MPa ~0.4

* Inboard and outboard are the same for cases where only one figure is listed.
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reference case. Alternatively, if the value of $ is kept constant the neutron

wall loading can be increased to a value exceeding 8 MW/m . In fact, even at

8 MW/m , a toroidal field which is 70% higher than the reference case (and a

corresponding lower S) is acceptable.

It is clear from the aforementioned performance limits that the proposed

blanket design is suitable for much higher neutron wall loadings and much

higher magnetic fields than the reference values. The performance limits can

be extended still further with some small modifications of the design. An

obvious modification would be to double the number of inlet and outlet ducts

per blanket module. In the proposed design, each inlet and outlet manifold is

served by one inlet or outlet duct. If an inlet and outlet duct is supplied

at both ends of the manifold, the velocity in the ducts and, therefore, the

MHD pressure drop associated with the manifolds and the inlet/ outlet ducts

can be halved.

In addition, the allowable pressure in the coolant ducts can be increased

by reducing the duct dimension (span) in the toroidal direction. This will,

of course, increase the MHD pressure drop in the duct. However, the MHD pres-

sure drop is inversely proportional to the span whereas the allowable pressure

is inversely proportional to the square of the span. Clearly then, reduced

span leads to increased ratio of allowable pressure to MHD pressure drop.

This, coupled with the fact that the MHD pressure drop in the coolant channel

is a small fraction of the overall pressure drop, indicates that further

improvement in high neutron wall loading and/or high toroidal field capability

can be achieved, if necessary, by decreasing the span of the coolant ducts.

Both modifications are straightforward and result in only a marginal

increase in blanket and reactor complexity (higher number of coolant ducts).

The proposed design has such high neutron wall loading and high toroidal

magnetic field capability because the use of electrically insulating coatings

has minimized the MHD effects. If future research and development fails to

produce coatings with sufficient integrity and stability under blanket rele-

vent conditions, other blanket designs with lower, but still acceptable,

performance limits are available. The alternative designs include, but are

not limited to, designs similar to those proposed in the BCSs' ' and the

d ) These designs include versions with insulated liners throughout the

blanket (with the possible exception of the first wall) and versions with
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insulated liners only in the inlet and outlet ducts and manifolds where the

neutron fluxes are very low.

The BCSS blanket is an obvious choice for an alternate design. The BCSS-

like blanket parameters for the TPSS reactor have not been worked out in

detail. Nonetheless, it is obvious that, if such a design was suitable for

the BCSS reactor with its higher toroidal magnetic flux density, longer

coolant ducts, and much higher overall power, it will be even more suitable

with a much larger design window for the TPSS reactor parameters. An obvious

improvement of the BCSS blanket design would create two different zones, the

breeder and the reflector, as is done for the TPSS reference design. Another,

would introduce insulated liner inserts in the poloidal manifolds over which

most of the MHD pressure drop occurs. Both improvements would increase the

performance of the blanket and enlarge the design window.

The development of insulated liners is considered a more attainable goal

than the development of insulating coatings. This is because, for the case of

insulated liners, the insulating ceramic is sandwiched between two thin layers

of metal alloy identical to the structural material. As a result, compatibil-

ity between the ceramic insulator and the liquid metal breeder is not an

issue. Moreover, this construction reduces significantly the insulator inte-

grity requirements compared to those for insulating coatings in contact with

the liquid metal.

In a design identical to that of the reference design, but with insulated

liners in place of insulating coatings, with liner thickness of 0.2 mm, the

overall pressure drop through the blanket would be about 2.2 NPa with a peak

pressure in the first wall coolant channels of 2.0 MPa. This pressure exceeds

the allowable pressure load of 1.1 MPa. To arrive at an acceptable design,

the toroidal dimension of the coolant ducts is decreased from 5 cm to 3 cm.

This results in an increase of the peak pressure in the coolant channel from

2.0 MPa to 2.8 MPa. At the same time, the allowable pressure load is

increased from 1.1 MPa to 3 MPa.

A variation of the proposed blanket design explored in the first year of

TPSS^ ^ is the reversed poloidal flow concept. According to this concept the

first wall coolant channels extend only over one half of the poloidal length.

The coolant, having cooled the first wall, returns through the breeder region

where it collects the voluraetrically deposited thermal energy. The advantages
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of this concept, shown schematically in Fig. 7.3.2-1, have been discussed pre-

viously. ' Perhaps, its most important advantage is that, because the length

of the poloidal first wall coolant ducts has been halved, the required coolant

velocity in the first wall channels is halved. As a result, the pressure drop

in the first wall coolant ducts is decreased by a factor of four (the pressure

drop in the return paths is much lower because the required coolant velocity

is much lower). The primary penalty associated with this concept is the fact

that the number of inlet and outlet ducts and manifolds is doubled.

A blanket design using the reversed poloidal flow concept and insulated

liners 0.2 mm thick has an overall pressure drop of about 1.7 MPa and a peak

pressure in the first wall coolant channels of 1.4 MPa. The allowable pres-

sure is 1.7 MPa (the span was decreased from 5 cm to 4 cm). Since there is a

margin between the allowable and the peak pressure, either the magnetic field

or the neutron wall loading can be increased by 10Z before the design limit of

the stress is reached. For further increases in neutron wall loading or mag-

netic field, the toroidal dimension of the coolant channels must be decreased

to diminish the bending stresses brought about by the increased pressure.

If a bare wall construction is required, either a BCSS type of design or

a reversed poloidal flow with radial webs as thin as possible is indicated.

For web thickness of 1 mm and toroidal dimension of the coolant ducts of 3 cm,

the overall pressure drop is 3 MPa, whereas the peak pressure in the first

wall coolant channels is 2.7 MPa. The allowable pressure load is 3 MPa. It

is assumed here that the inlet and outlet manifolds will have the benefit of

an insulated liner. This is not considered to be an issue since both the

neutron fluxes and the heat fluxes are very low there.

It is evident that a number of blanket design options is available.

Those, with bare walls have a higher pressure drop than those with insulated

liners, which in turn, have higher pressure drops than the reference case with

insulating coatings. All the designs satisfy the stress limits for the struc-

tural materials, and they can all be adopted for operation with higher heat

flux and/or magnetic field than the reference case. The price for this is

increased pressure drop and increased number of coolant ducts.

The high MHD pressure drop corresponding to some design options can be

lowered considerably, if the strict allowable stress level are relaxed some-

what. The stress limit which drives the design of the first wall coolant
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Figure 7.3.2-1 Reversed poloidal flow concept. The first wall/breeding zone
and the reflector are serviced from separate manifolds. The
reflector lasts for the entire lifetime of the reactor,
whereas the first wall/breeding aone is replaced every 250
dpa.
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channels, and ultimately affects the MHD pressure drop, is that corresponding

to a 5% irradiation induced creep strain. For the temperatures of the first

wall this is 90 MPa. This limit is significantly lower than the limit of 235

MPa derived from strength requirements under thermal creep conditions. The

limit based on 5% irradiation induced creep strain was adopted in the BCSS

because, although such a strain is non-damaging, excessive strain may cause

gross changes in the physical dimensions of the blanket. For the TPSS blan-

ket, either straight through poloidal or reversed poloidal flow, such a strain

limit may be overly restrictive. In these blankets, the first wall is the

only part of the blanket which is significantly stressed. It is, therefore,

the only part which will suffer significant deformation due to irradiation-

induced creep strain. Such a strain will cause the first wall surface to

become rippled with the ripples running in the poloidal direction. At end of

life, the peak deflection of the first wall corresponding to the reference

design is about 1.8 mm for 5Z strain. If the stress limit of 235 MPa is

adopted, the peak deflection would be about 4.7 ram. The remainder of the

blanket would remain unaffected. The additional 3 mm of deflection brought

about by the relaxed stress limit is not expected to cause any serious diffi-

culties either on the plasma or the liquid metal coolant side. In fact, the

deflections will be somewhat lower than the values given here because, as the

first wall becomes curved, hoop stresses which help carry the pressure load

are developed and the bending stresses are diminished. With the adoption of a

stress limit based on strength requirements, the toroidal dimension of the

coolant ducts can be increased, and the MHD pressure drop, and thus the pres-

sure level in the blanket, can be decreased.

7.3.3 Energy Conversion

The basic power cycle for the TPSS reactor is shown in Figure 7.3.3-1.

It utilizes natural lithium as the primary coolant which transfers its heat

through an intermediate heat exchanger (IHX), to an intermediate loop, and

then to the steam generator. The IHX contributes to improved safety by pre-

venting activation product transport to the steam generator and improved

tritium containment. As a result, hands on maintenance of the steam generator

is possible, and possible release of activated product in the event of a steam

generator leak is avoided. Based on estimated corrosion rates of vanadium by

lithium, hands on maintenance of the IHX also appears feasible, and even if an
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IHX were not used, hands on maintenance of the steam generator might be

feasible.

The use of V-alloy as the structural material is a key reason in making

the TPSS blanket an attractive one. The high temperature operating capability

of the V-alloy results in a high coolant exit temperature which is used to

form a very efficient power conversion system. This high temperature capabil-

ity also reduces the problems associated with the heat transfer of the first

wall. The high heat transfer temperature difference available significantly

reduces the complexity of the first wall channel design for heat transfer con-

siderations. This design simplicity, combining the effects of using insulated

walls, reduces the blanket MHD pressure drop such that the blanket pressure is

moderate. The combined effects of high efficiency, simplicity, and low pres-

sure not only make the blanket and power conversion system more attractive,

but also more credible. For the reference case, the steam condition is 16.4

MPa, 510°C with one stage reheat at 510°C, which offers a gross thermal effi-

ciency of 42% compared to 35.7% for STARFIRE. To obtain a similar efficiency

with a direct gas cycle, a coolant temperature of ~800°C will be required.

For the temperatures we are considering, a sub-critical steam cycle with

either one or two stage reheat is recommended here for its high cycle

efficiency and established technology.

A schematic of a typical primary coolant system is shown in Fig.7.3.3-

2. There are seven major subsystems in this loop which are:

• coolant purification system

• IHX

• steam generator

o coolant make up

• tritium extraction system

• coolant circulation pump

• coolant dump tank and storage

The average coolant exit temperature from the reactor is 550°C for the refer-

ence case. A small fraction, ~ 1% of the main flow (22 kg/sec), is diverted

for purification and tritium recovery. The main purpose of the purification

system is to control nonmetallic impurity concentrations, such as nitrogen and
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carbon in the lithium. The main coolant flow is through the IHX where the

heat is transferred to the secondary coolant, which flows to the steam genera-

tor. The coolant make-up system will be used to analyze the isotopic composi-

tion of the coolant and to supplement lost lithium. Provisions are made to

transfer all of the lithium in the primary loop to a dump tank in case repair

is needed.

The steam generator design is very similar to that of an LMFBR. A blan-

ket inlet temperature of ~ 300°C is needed for efficient energy conversion.

The low-temperature limiter coolant is usable in a feed water heater. The

turbine generator cycle, which is shown in Fig. 7.3.3-3, is for a standard 6E

steam cycle that provides 42% efficiency. The important parameters for TPSS

reactor are listed in Table 7.3.3-1.

TABLE 7.3.3-1
Principal Design Parameters for TPSS

Reactor Steam Cycle

Total blanket thermal power, MW 2518

Primary coolant flow rate, kg/sec 2220

Coolant temperature, °C 280/550

Total steam flow, kg/sec 1210

Steam pressure, MPa 16.4

Steam temperature, °C 510

Reheat temperature, °C 510

Total steam generator area, m 1.6x10

Gross cycle efficiency, % 42

Gross output, MWg 1057

For the reference reactor design, about 90% of the heat is deposited in

the blanket/first wall; the remaining 10% is deposited in the limiter. The

parameters of the two heat transport systems are summarized in Table 7.3.3-

2. Due to the high heat flux in the impurity control system, the coolant AT

is much smaller, and the coolant temperature is lower. This makes efficient

utilization of the limiter energy difficult. The limiter heat transport loop
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Figure 7.3.3-3 Turbine generator cycle for TPSS.



is similar In size to that of the main coolant heat transport loop and,

therefore, the cost is expected to be similar. For future designs, the possi-

bility of using a single coolant system with the impurity control system as a

preheater for the blanket, should be studied further. For the current TPSS,

separate systems were selected primarily because of the different insulating

specifications of the limiter system and the blanket.

TABLE 7.3.3-2
Parameters for the Two Heat Transport Systeas

Thermal Power, Coolant Coolant Rate,
MW Temperature kg/sec

°C

Limiter 275 230/270 1640
Blanket 2518 280/550 2220

7.3.4 Blanket Maintenance

The TPSS reactor is composed of eight first wall-blanket-shield assem-

blies. Each of the assemblies is encircled by two of the sixteen toroidal

field coils. An rf duct enters four of the eight assemblies at their outer

midplane, midway between the two toroidal field coils. At the base of the

plasma chamber in each assembly is one portion of the slot limiter which

toroidally encircles the reactor. A top view of the eight assemblies is shown

in Fig. 7.3.4-1.

A side view of one assembly is shown in Fig. 7.3.4-2. Each first wall-

blanket-shield assembly is shaped somewhat like an onion. The center is the

plasma chamber which is surrounded by the first wall. On the bottom of the

assembly is the slot limiter. Behind the first wall is a breeder segment and

the reflector. Last is the shield where the vacuum boundary is located. The

toroidal field coil is the last layer of the onion. Attached to it is part of

the support structure. The manifolding for the liquid lithium is shown at the

top and bottom of the assembly.

The manifolding for the assemblies was planned to give maximum access to
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1. Toroidal Field Coils
2. RF Duct
3. Equilibrium Field Coils
4. First Wall-Blanket-Reflector
5. Slot Limiter
6. Plasma Chamber
7. Shield
8. Coolant Outlet Manifold
9. Coolant Outlet Lines

0 5
SCALE IN METERS

Figure 7.3.4-1 Top view of TPSS reactor- eight first wall-blanket-shield
assemblies.
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1 TOROIDAL FIELD COILS
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6 COOLANT OUTLET LINES
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8 RF DUCT

XT1

SCALE IN METERS

Figure 7.3.4-2 Side view of a first wall-blanket-shield assembly.
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each of the assemblies. The main manifolds are located in the center core

area of the reactor. There is a set of large inlet manifolds at the base of

the outer part of the reactor and a set of large outlet manifolds at the top

of the reactor. See Fig. 7.3.4-3. From each main inlet and outlet manifold,

four pairs of smaller manifolds lead to four of the blanket sectors. The

smaller inlet manifolds are joined to the blanket sectors at the midplane of

the bottom of each sector midway between two toroidal field coils. The

smaller outlet manifolds are joined to the blanket sectors at the midplane of

the top of each blanket sector midway between two toroidal field coils.

Both the inlet manifold and the outlet manifold for the slot limiter are

located at the base of the reactor. In each limiter slot, the inlet and exit

coolant lines are concentric. The inlet is the inner tube and the outlet is

the external tube. See Fig. 7.3.4-4. The manifolds for the helium coolant for

the shield are not shown. Both the inlet and the outlets are at the base of

the reactor.

The equilibrium field coils are not directly attached to the reactor.

One coil in the reactor core is permanently fixed to reactor support equip-

ment. The other equilibrium field coils are attached to equipment which are

not part of the reactor sectors. Two coils are at the base of the reactor.

Two others are below the midplane of the outer part of the reactor. The other

coils at the top of the reactor and above the midplane of the outer part of

the reactor are attached to the cover of the reactor cavity.

The TPSS reactor is designed as a modular reactor. The first wall-

blanket-shield assemblies are removed from the reactor as integral units.

Prior to removal, the lithium would be drained from the reactor. Then the rf

duct and all coolant manifolds would be cut. The assembly would then be

vertically lifted from the reactor cavity once the lid of the cavity had been

removed. For a complete description, see Section 8.5.

References for Section 7.3

1. C. C. Baker, et al., "Tokamak Power Systems Studies FY 1985," ANL/FPP-85-
2, December 1985.

2. B. F. Picologlou, "Magnetohydrodynamic Considerations for the Design of
Self-Cooled Liquid-Metal Fusion Reactor Blankets," Fusion Technology, Vol.
8, No. L, Part 2A, 276-282, 1985.
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Figure 7.3.4-3 Lithium coolant manifolding for the fir«t wall-blanket-shield
assemblies.



OUTLET LINE

INLET LINE

SCALE W MEIERS

Figure 7.3.4-4 Coolant lines in the slot limiter
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7.4 Materials Data Base

Four topics are covered in the assessment of the materials data base for

the TPSS first-wall/blanket/shield system: (1) structural materials/ vanadium

alloys, (2) electrical insulators, (3) multiplier materials, and (4) a corro-

sion and mass transfer model for vanadium alloys exposed to liquid lithium as

well as for a bimetallic loop where a vanadium alloy is used as the blanket

structural material, but the primary coolant piping and IHX or steam generator

are made of another alloy such as a stabilized ferritic steel.

7.4.1 Structural Materials/Vanadium Alloys

An assessment of the data base for vanadium alloys was also performed

during the BCSS^J study. Therefore, this section will only briefly review

some of the key properties and highlight the issues involved in the further

development of this alloy material. This evaluation and the current TPSS

design are based on the use of a vanadium-chromium-titaniura ternary alloy with

projected compositions of 10-152 Cr and 3-10% Ti. This alloy system, with

further development, appears to offer the greatest potential for the fusion

application. Since most baseline properties do not vary significantly within

this composition range, properties of the V-15Cr-5Ti alloy are used as the

reference. The key feasibility issue for vanadium-base alloys involves pos-

sible embrittlenient, particularly at temperatures below 300-400°C, caused by a

combination of one or more of the following: radiation displacement damage,

helium transmutations, excessive nonmetallic element contamination, and

improper welding/fabrication procedures.

7.4.1.1 Baseline Properties

Selected nuclear, thermophysical, and mechanical properties of vanadium

alloys have been tabulated and/or graphically presented in Ref. 2. Although

these baseline properties are meant to be representative of a specific alloy

V-15Cr-5Ti, they were actually compiled from data for vanadium, a similar

alloy V-7.5Cr-15Ti, and V-15Cr-5Ti. Compared to other candidate alloys such

as austenitic and ferritic stainless steels, V-15Cr-5Ti possesses higher

thermal conductivity (>400°C) and lower thermal expansion coefficient (25-

800°C), which, for a given heat flux, would result in lower thermal stresses.

The lower stresses provide for improved wall load and lifetime capabilities.
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Unlike the HT-9 ferritic alloy, the mechanical strength of V-15Cr-5Ti is

retained at relatively high teraperatuers (> 700°C) which permits potentially

higher operating temperature and higher energy conversion efficiency.

In terms of its nuclear properties, the displacement damage rate in V-

15Cr-5Ti is similar to that for the ferrous alloys; however, the helium and

hydrogen generation rates are considerably less than in either austenitic or

ferritic steels. Also, the heat generation rate in the V-15Cr-5Ti first wall

is considerably less (~ 40%) than that for either of the steels. With regard

to the low activation consideration, vanadium alloyed with either tungsten,

chromium, silicon or titanium, will meet the Class B and/or C criteria for

waste storage. Therefore, the need for development of low activation alloys

that exists for the ferritic steel does not exist for the vanadium based

alloys. For vanadium alloys, the issue is not whether one can develop a low

activation alloy, but whether the impurity elements can be maintained at a low

enough level for the alloy to be considered low activation. Niobium concen-

trations as low as 4 wppra or less are considered attainable.

Major concerns regarding the use of vanadium alloys relate primarily, to

their reactivity with nonmetallic elements, e.g., oxygen and nitrogen as

impurities in liquid metal systems, during accidental exposure to air at high

temperature, and as contaminants during welding or fabrication. A second

problem arises from the relatively limited data base for this alloy system.

7.4.1.2 Corrosion/Compatibility

The data base for corrosion of vanadium-base alloys in liquid lithium is

very scant. Therefore, the projected corrosion resistance of vanadium and

vanadium alloys is based on (1) very limited data for the systems of interest,

(2) reported corrosion resistance of vanadium alloys in sodium, (3) reported

corrosion resistance of similar refractory alloys, viz., niobium and tantalum

alloys, in lithium, and (4) reported low solubilities of group V and VI

refractory metals in lithium.

In the late 50's and early 60's, Pratt-Whitney conducted forced-

circulation loop tests on vanadium and several other refractory metals and

alloys in lithium. ' Test results showed that after 1170 h at a lithium

velocity of 4 m/s and maximum temperature of 87O°C and a loop AT of 220°C, the

corrosion of unalloyed vanadium was "nil," but this is not well defined. By
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comparing with the corrosion results obtained for other refractory metals and

alloys, it has been estimated that the "nil" result for vanadium probably
—2 2 —2 2

corresponds to less than 10 * mg/cm . Corrosion of 10 mg/cra in 1000 h
corresponds to ~ 0.1 mg/m h or - 0.1 }jm/y.

The capsule tests conducted at Oak Ridge National Laboratory at 816°C

confirm the corrosion resistance of vanadium to lithium. Redistribution of

nonmetallic elements, e.g., oxygen, was observed in these tests; however,

vanadium did not exhibit the severe penetration rate when oxygen was present

as was observed for tantalum and niobium.

The forced circulation loop tests at Argonne (600-650°C) further con-

firmed the corrosion resistance of vanadium and V-15Cr-5Ti alloy in that the

samples showed very small weight changes.*•" The primary focus of these tests
0-.

was on the redistribution of nonmetallic impurity elements. Acceptable non-

metallic impurity levels were maintained in the small loop. Scoping tests

indicated that the tensile properties of high purity alloys were not signifi-

cantly altered after exposures at 600-650°C for up to 500 h. However, degra-

dation of ductility was observed in some less pure alloys after exposure. It

was not clear from the limited tests whether the loss of ductility was caused

by thermal aging or the lithium environment. Also, the cause of the different

response of similar alloys was not determined. The test loop, which was

constructed of V-lOCr alloy, was operated for a total of ~30,000 h at a

maximum temperature of 600-650°C.

Much of the available corrosion data on vanadium and vanadium alloys are

for high temperatures above that of the TPSS blanket designs. There are

insufficient data to develop the temperature dependence of corrosion. For the

purpose of this study, it is recommended that the same activation energy be

assumed for the vanadium-lithium system as is proposed for the ferritic and

austenitic steels. From this assumption and the inferred corrosion rate at

816°C from the Pratt-Whitney data, and an additional order of magnitude

increase taken for conservatism, the corrosion-rate/temperature relationship

for V-15Cr-5Ti alloy in lithium has been given in Ref. 2. The projected

dissolution rate of vanadium alloys in lithium is ~ 3 orders of magnitude

lower than that of the HT-9 ferritic alloys and ~ 4 orders of magnitude lower

than that of the austenitic steels. Future work will, of course, be required

to confirm these predicted corrosion ratec. Also, the ability to control
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nonmetallic elements at acceptable levels in a large heat transport system

must be demonstrated.

7.4.1.3 Radiation Effects

The irradiation data base for vanadium-base alloys is much more limited

than for the other candidate alloys; however, data are more extensive than for

other low activation alloy candidates. The V-15Cr-5Tt alloy was originally

developed in the fast breeder reactor program. Although this alloy was found

to be highly resistant to radiation swelling, it does not necessarily repre-

sent an optimized alloy.

The projected swelling response of the V-15Cr-5Ti alloy is based on fast-

neutron (E>1 MeV) and ion irradiation data, both of which have been reviewed

in detail in Ref. 2. The available swelling data were summarized in Fig. 6.1-

20 of Ref. 2 for several vanadium alloys; they indicate lower swelling than

for HT-9 and austenitic steels under similar irradiation conditions. Effects

of helium on swelling are also projected to be less for the V-Cr-Ti alloys

since the helium generation rate is much less than for HT-9 and austenitic

steels.

Only limited information exists on the effects of irradiation on the

mechanical properties of the V-15Cr-5Ti alloy. The predicted mechanical

response of this alloy is, therefore, based partially on results from other

vanadium alloys, e.g., V-20Ti, Vanstar 7 (V-9Cr-3Fe-lZr), and V-Cr-Ti ter-

naries. Several of these vanadium alloys irradiated at 600-800°C at 0.5 up to

30 dpa showed significant irradiation hardening, as well as an insensitivity

of their tensile properties to alloy composition. More recent irradiations of

V-15Cr-5Ti at 375, 550, and 600°C to 5 dpa have indicated severe embrittleraent

when tested at 25 and 375°C.^ ' The cause of this embrittlement is not clear

since only modest reductions in ductility have been observed in several other

alloys (V-7.5Cr-5Ti, V-5Ti, and V-3Ti-lS) under similar irradiation condi-

tions. Further experimental work is required to optimize the alloys and to

understand the differences, which may be attributable to variations in (a)

processing methods, (b) thermal-mechanical-treatment (annealing temperature or

cold-work condition), or (c) impurity concentrations.
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For the purpose of the present study, it is assumed that the strength of

the V-15Cr-5Ti alloy will increase upon irradiation at reactor temperatures.

Therefore, the ultimate, yield, and creep strengths of the alloy in the unir-

radiated condition can be used for the design allowable stresses. Potential

increases in the ductile-to-brittle-transition-temperature (DBTT) of vanadium

above room temperature is a critical issue that must be resolved.KiJ Since

the DBTT shifts are typically observed to saturate at relatively low fluences,

it is assumed for the present study that this constraint is not exacerbated at

high fluences.

A maximum design temperature limit of 75O°C is recommended for V-15Cr-5Ti

for the present study. This limit is based on helium embrittlenient which is

commonly observed in metals at temperatures > 0.5 Tffl. A margin of ~ 50*C

results in the allowable limit of ~ 750°C.

7.4.2 Electrical Insulators

A systematic evaluation of ceramic electrical insulators for a self-

cooled, liquid-li thium/vanadium alloy blanket has been conducted during the

first year of the TPSS study.* ' Fifteen oxides and nitrides have been

assessed against a common set of technical requirements, low activation, and

cost. Among the fifteen candidate materials, CaO, MgO, BN, BeO, and ^2^3

appear to be the most promising materials for insulator coating, whereas all

of these materials, plus MgAl 0,, Y.Al.O^, and A1N, may be used as laminated

insulators. Important issues for these candidates are stability in high-

purity liquid lithium and stability under neutron and gamma photon irradia-

tions. The first issue is crucial for insulator coatings, whereas the second

issue is important for both coating and laminated insulators. The main effort

during this year is, therefore, focused on these two issues.

7.4.2.1 Thermodynamic Stability

Oxygen and nitrogen are soluble in liquid lithium, depending on the

temperature. It has been suggested^7) that the presence of soluble oxygen and

nitrogen may affect the compatibility of certain metallic systems in contact

with liquid Li. For the current systems of interest, i.e., ceramics and

liquid Li, the chemical reaction may be written as
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1/x M X = X + m/x M (1)
ra x

where M X is the ceramic compound, M is the metallic element in the ceramic

compound, X is the nonraetallic element (oxygen or nitrogen) that is soluble in

liquid Li, and m and x are the stoichiometric coefficients. The free energy

of reaction (AG) for the above chemical reaction has been derived by Singh* '

and is given by

AG = -1/x AG°M X + p (2)
m x x

where ^S°VV^X is the standard free energy of formation for the ceramic com-

pound, lu is the chemical potential of the nonmetallic element in liquid

lithium given by

u - 1/x AG°N X + RT ln(X/X°). (3)
x n x

The AG°Nnxx in Eq. 3 is the standard free energy of formation of the most

stable compound of liquid lithium (Nn) with the nonmetallic element, X is the

mole fraction of nonmetallic element in liquid lithium and X° is the mole

fraction of the nonmetallic element in liquid lithium at saturation.

Near the saturation level of the nonmetallic element in liquid lithium,

the second term on the right side of Eq. 3 becomes zero, and the AG value in

Eq. 2 reduces to the compatibility condition of the saturated liquid lithium.

However, for nonmetallic element levels below saturation, the compatibility

conditions are worse, and this stems from the fact that the chemical potential

of the nonmetallic element in the unsaturated liquid Li is rendered more nega-

tive (therefore, more stable) in contrast to the saturated liquid Li system.

Figure 7.4-1 shows the plot of the standard free energy of formation of the

ceramic compounds, along with the chemical potentials of oxygen and nitrogen

calculated for 10"^, 1 and 10^ ppm nonraetallic impurity levels in liquid

lithium. The figure shows that some of the oxide ceramics (e.g., Y2O3, MgO,

BeO) would be compatible with liquid Li only if the oxygen level in Li is

higher than the 10^ ppm level. At the oxygen level < 1 ppm in Li, all oxide

ceramics shown in Fig. 7.4-1 would be incompatible. Similarly the nitrogen

ceramics in liquid Li would be incompatible if the nitrogen level in Li is

<10 ppm. To keep A1N, BN, and S13N4 compatible with liquid Li, the nitrogen

level in Li should be maintained at > 10^ ppm.
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Figure 7.4-1 Stability diagram showing variation of standard free energy of
formation of insulating ceramics and chemical potentials of
oxygen and nitrogen in liquid Li (dotted lines) as a function
of temperature*

7-45



The above thermodynamic predictions of compatibility of ceramics with

liquid Li are based on the assumption that the ceramics are in their purest

state. This is generally not the case for most commercially available ceram-

ics, which may contain considerable amount of impurities. When impurities are

present, the above simple thermodynamic approach must be modified to include

all possible impurity reactions with liquid Li. This task is amenable to a
(Q)

theoretical treatment using the thermodynamic computer code SOLGASMIXV ' and

is recommended for future study.

7.4.2.2 Radiation Stability

Radiation effects in ceramic insulators are being studied in the U.S. '

and the U.K.'*^ covering a variety of topics: swelling, mechanical strength,

thermal conductivity, surface alteration, dielectric breakdown strength, elec-

trical resistivity, electrolysis, and loss tangent. Experimental data on

these subjects were reported in a series of annual reports on special purpose

materials^12^ and in review articles.^10)11>13* In the following, the data

most relevant to the development of low-voltage ceramic insulators for liquid-

metal blankets are summarized. Topics included are swelling, mechanical

strength, thermal conductivity, and electrical resistivity.

The candidate insulators with a cubic crystal structure are generally

preferred for radiation stability, since problems associated with anisotropic

swelling are lessened. MgO, CaO, Y2O3, V3Al5°i2» a n d M8A12°4 a 1 1 f a l 1 * n t o

the cubic structure category, and the data reported in Ref. 12 also show low

to moderate swelling in these materials (with the exception of CaO for which

there are no swelling data).

Irradiation data for thermal conductivity degradation and on changes in

strength, fracture toughness, and raicrohardness of candidate insulators can be

found in Ref. 10 and 12. With the exception of single-crystal MgA^O^, post-

irradiation room-temperature thermal diffusivities (hence thermal conductivi-

ties) of MgO, Y2O3, Y3Al5Oj2» and Si3N4, and several other ceramics all show

significant reduction (50-90%) from their unirradiated values and a saturation

of reduction at relatively low fluences. The reduction of thermal conducti-

vity per se may not be a serious problem, as long as the insulators are not

applied on high heat flux walls. Changes in mechanical strength and fracture

toughness are of concern primarily for insulator coatings. In this
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connection, the data show strength increase for MgAljO^, no change for

Y3AI5O12, and reduction for S12ON2.

Among the four topics addressed in this subsection on radiation stabili-

ty, the change in electrical resisti/ity is difficult to assess because of the

lack of data for most candidate materials. Unlike thermal conductivity which

generally decreases owing to irradiation-generated defects on phonon scat-

tering, electrical resistivity may either increase or decrease depending on

how structural changes affect trapping, recombination, and scattering centers

of the charge carriers. Furthermore, absorption of ionization energy may be a

greater concern as this would generate a concentration of charge carriers

beyond that induced by thermal effects (radiation-induced conductivity).

Electron bombardment studies of single-crystal AI2O3 showed that, over a

fairly wide temperature range (room temperature to 1000 K), the increase in

electrical conductivity is roughly proportional to the ionization dose rate

for both chromium-doped and neutron-irradiated A^O,. If one assumes the same

proportionality holds for the other candidates and takes the estimated ioni-

zation dose rate (10 - 10 Gy/s) for the liquid-lithium/vanadium alloy

blanket, the increase in electrical conductivity (or decrease in electrical

resistivity) would be in the range of 3 to 4 orders of magnitude. This level

of reduction in electrical resistivity would still be acceptable for most

candidate insulators in the laminated configuration.

7.4.2.3 Electrical Insulator Coatings for Reducing the

Lithium MHD Pressure Drop in Fusion Reactors

Electrical insulator coatings are an attractive modification for liquid

metal cooled fusion reactors. By strongly reducing the MHD pressure drop in

the reactor coolant channels, they allow for a thinner, more open blanket, an

increased coolant velocity, and a decreased temperature variation at constant

power production. This should have a significant impact on initial reactor

costs while increasing the safety margins for thermal stresses and leak

accidents. As a side benefit, insulator coatings can also permit lower

cost alloys in heat exchanger construction, by reducing the carbon and

nitrogen transfer rates. Two methods for in-situ coating the inside of vana-

dium channels in the presence of lithium are proposed. Kinetically controlled
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oxides appear feasible at lower temperatures (< 450°C) while thermodynamically

stable coatings are required at higher temperatures (> 500°C).

Formation of Insulator Coating

In-situ, self repairing coatings seem like the most practical way to

provide a coating of high electrical resistance and high structural stability

on the channel walls. For a vanadium blanket, the simplest coating method is

to add a small amount (~ 5 appm) of nitrogen to the flowing lithium. The

nitrogen will migrate from the lithium to the vanadium, eventually producing a

lithium nitride coating on the vanadium surface. The main limitation of this

technique is that the temperature must be below that for excessive nitrogen

diffusion into the wall. Using the following to estimate the temperature from

the allowable nitrogen penetration depth, 6,

D(T) - 62/irt.

where D is diffusivity, and t is operating lifetime. Thus, for example, if 5

equals 5 x 10 m, and t equals 10 years (3 x 10 s), and the diffusivity is

that of nitrogen in vanadium is given by

D = 4.2 x 10~6 exp (-17850/T),

then the maximum T is 760°K or 487°C. Thus, this technique is limited to low

temperature environments, which can be maintained for liniter divertor

applications.

The above approach provides an unbroken coating because the coating rate

is limited by solid state diffusion; thus, coating one area with nitride

reduces the concentration gradient and thus, the relative absorption rate in

that area. Any bare spots from occasional spallation will be repaired by

fresh nitride formation. This technique is almost certain to work; however,

since the temperature in the majority of the reactor will be too high for

nitride coatings to be beneficial, other coating techniques must be developed

for the first wall/blanket regions.
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Coatings for High Temperature Coolant Channels

One alternative coating technique for the majority of the lithium coolant

channels is to find another diffuser which, like nitrogen, preferentially

migrates to a vanadium surface, forming a stable insulator. Unfortunately,

there are no obvious candidates. A review of the thermodynamic and physical

literature indicated that carbides are unsuitable because the conductivity is

too high; oxides, borides, phosphides, arsides, sulphides, and halides are

unsuitable because of poor thermodynamics (i.e., the lithium compounds are

significantly more stable than those of the vanadium alloy). Silicides are

unsuitable because of low diffusivity and marginal resistance.

Another approach for in-situ coating is by a reaction in which one of the

reactants is extracted from the channel wall. Thermodynamic analysis suggests

that coatings of BeO or CaO can be formed on vanadium, with the oxygen being

extracted from the vanadium by the lithium borne beryllium or calcium. The

coating stage process is as follows: the interior vanadium alloy surfaces are

uniformly oxidized at low temperatures (~250°C) in-situ. The reactor blanket

is then filled with flowing liquid lithium-berylliura or lithium-calcium. Cal-

cium or beryllium in the lithium reacts with the oxygen in the vanadium at

high temperatures (~500°C) forming surface compounds as set by thermodynamics.

Beryllium-lithium immiscibility at the lowest reactor temperature, 300°C,

fixes the maximum beryllium mol fraction in lithium at 1.5 x 10 . These data

as a function of temperature are also used to calculate the activity coeffi-

cient for beryllium in lithium by the relation 6(T) =* 1/X (T) for largely

immiscible liquids. The same technique is used to find the activity

coefficient of oxygen in lithium. The calcium activity coefficient in lithium

is much below that of beryllium as shown by the phase diagram. Thus, the

optimal concentration may be the low temperature (141°C) melting point

eutectic 8.3 atomic percent. The activity coefficient of calcium in lithium

is estimated to be between that for calcium-magnesium and calcium-lithium.

Self diffusion data suggest reasonable oxide coating speeds. After 1 day

at 600°C, the BeO coating thickness should be about 5 |i, while the CaO thick-

ness should be about 3 p: 1 = /4D (Aa) t/Co where the lower CaO thickness

results mostly from the low calcium activity even at this concentration. It

remains to be shown that the coating is adherent even in the absence of severe

neutron bombardment and thermal stresses.
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While there is nothing particularly problematic about BeO or CaO

coatings, other coatings have also been considered, especially A1N, BN, SioN,,

MgO, and Y20,, which have been suggested previously. Except for Y-O-, all

these now appear unfavorable thermodynamically. Aluminum, boron, silicon, and

magnesium all have very low activity coefficients in lithium solution.

Furthermore, the vanadium-titanium phase diagram suggests a nearly ideal

solution of stabilizing titanium nitride formation in vanadium titanium

alloys, and BN formation is complicated by VB formation - a low resistance

compound. Although thermodynamically TjO^ is theoretically marginal, experi-

ments show that Y2O3 decomposes in liquid lithium at reasonable reactor

concentrations.

By considering the linear coefficient of thermal expansion for BeO, CaO,

and vanadium alloy, it appears that acceptable coatings could be formed from

either oxide. However, to ensure that the oxides are always in compression,

BeO should probably be applied at temperatures slightly above operation, and

CaO should probably be applied at temperatures slightly below operation. A

mixed CaO-BeO oxide may have significant advantages in matching the expansion

of vanadium alloy.

7.4.3 Multiplier Materials

The multiplier materials considered for TPSS include both neutron multi-

pliers, viz., beryllium, and energy multipliers, e.g., tungsten and CaO. Data

for CaO were presented in the previous sections. Baseline properties of

beryllium and tungsten can be found in Refs. 15 and 16, respectively. Only

the radiation effects are summarized in this subsection.

Beryllium is a hexagonal-close-packed metal with very good thermal

conductivity. Consequently, beryllium is unlikely to crack owing to thermal

stresses. However, the internal stresses generated by crystalline anisotropic

swelling, coupled with irradiation embrittlement, may be largely responsible

for the observed fractures of the low-temperature (<120°C) irradiated beryl-

lium reflectors."''' The anisotropic swelling will depend strongly on

texture, being worse for extruded materials.

Irradiation-induced swelling in beryllium is generally attributed to the

helium gas atoms/bubbles produced from the (n,2n) reactions. Volumetric

swelling of beryllium can vary from 5 to 33%, depending on whether it contains
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enough helium (fluence dependent), and whether helium bubbles mainly reside

along grain boundaries or within grains. Under relatively high temperature

(>650°C) irradiation, for example, helium atoms/bubbles can migrate more

easily to grain boundaries (due to enhanced helium diffusivity with increasing

temperature); they will eventually form interconnected grain-edge tunnels to

vent the gases. Intergranular grain-boundary bubble behavior will dominate in

this case, with a volumetric swelling less than 5-12%. Overall swelling

should not exceed these values because the driving force for swelling (i.e.,

helium gases) is lost after grain-edge tunnel formation.

Under low-temperature (<650°C) irradiation, helium atom diffusion will be

relatively slow so that bubbles tend to stay within grains and remain small,

isolated and dispersed. Intragranular bubble behavior will dominate in this

case, and swelling should have an approximately linear fluence dependence.

However, if temperature excursions occur during blanket operation such that

the helium-containing beryllium experiences rapid overheating, massive swell-

ing (up to 33%) can develop similar to those observed in the post-irradiation

annealing experiments. J Swelling will cease at 33%, at which point the

bubbles within grains will grow to touch one another to form interconnected

porosities. Once these interconnected porosities form within grains (as

opposed to along grain boundaries), gas is vented and swelling should

saturate.

Both inter- and intragranular helium-induced swelling weaken the beryl-

lium metal. Mechanical loads may induce fracture of bare beryllium when it

experiences grain boundary swelling of 5-12% and/or grain matrix swelling of

33%. The allowance of a 30% internal porosity in beryllium may be conserva-

tive (i.e., too much internal volume is provided) for low-temperature irradi-

ation under normal blanket operating conditions. However, the conservatism

can be justified in view of the uncertain blanket operating scenarios such as

temperature transients or accidents. For high-temperature irradiation, 15%

internal porosity is probably more than adequate to accoraodate grain boundary

swelling.

Interest in tungsten for nuclear reactor applications has been very

limited; hence, the data base on irradiation effects is very sparse. The

highest fluence data are those reported by Steichen for EBR-II irradiaiton at

385°C.^ *' Tensile specimens of tungsten sheet material were irradiated to
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fluence levels of 0.4 and 0.9 x 102** n/m2. Post-irradiation tensile tests,

conducted in the range 295 to 1200 K, indicated the tensile yield strength was

approximately doubled by irradiation over the full temperature range. The

ductile-brittle transition temperature was raised from an initial value of

65°C to 230°C by the irradiation. No swelling has been reported at these

irradiation temperature and fluence levels.

7.4.4 Corrosion/Masa Transfer Model

In this subsection, a series of calculations are conducted to determine

the liquid-lithium purification rates required to prevent excessive e«brit-

tlenient and corrosion of vanadium alloys considered as candidates for the

structural material in the TPSS first-wall/blanket/shield system. The primary

concern in these studies is the control of interstitial impurities (hydrogen,

oxygen, carbon, and nitrogen) in vanadium and its alloys. The sources for

these impurities are the fabrication environment, the liquid lithium environ-

ment during operation, and any other structural material in contact with the

liquid lithium.

While concentrations of H and 0 are of general concern with regard to the

performance of vanadium alloys, they are less of a concern in this application

because Li has a higher affinity for these elements than does V. Thus, H and

0 would tend to be transferred from V to Li. The opposite is true for C and N

which tend to be transferred from Li to V.

Design Limits

The allowable limits for H, 0, N, and C in V alloys are established based

on embrittlenient of the bulk of the material and corrosion/erosion of the

surface of the material. The solubility and diffusivity of these elements in

V are important properties in establishing whether corrosion or embrittlement

would tend to be the major problem.

The limited data on the mechanical properties of V as a function of

alloying elements (e.g., Cr and Ti), interstitial impurities (e.g., H, 0, N,

and C), temperature, and irradiation are reviewed in Ref. 20. Embrittlenent

limits can be set based on ductile-to-brittle transition temperature (DBTT).

Based on bend tests, the interstitial concentration limits for a DBTT of 100°C

are 300 wppra for H, 2100 wppm for 0, and 3000 wppm for N. The design goal is
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based on a DBTT of 0°C for unirradiated material: 120 wppm for H, 1300 wppra

for 0, and 1800 wppra for N. For C, which has a solubility limit of 400 wppm

at 500°C and low diffusivity, corrosion is more of a problem than embrittle-

ment. Thus, an upper limit of 400 wppm is set with a design goal of 200

wppm. While the solubility of N is high, its diffusivity in V is low, which

may cause corrosion problems as well as embrittlement. The TPSS limits based

on corrosion and embrittlement are summarized in Table 7.4-1.

As the results and judgements in Table 7.4-1 are based on vanadium (and

not vanadium alloys), on unirradiated material, and individual (not combined)

effects of the impurities, clearly more experimental work needs to be done on

mechanical properties of candidate vanadium-based alloys, as well as corrosion

rates. The results of such tests would then be used to refine the design

goals and limits.

Descriptions of V/Li/Steel System

Figure 7.4-2 shows a schematic of the TPSS blanket, purification, and

heat exchanger systems. It is assumed that a vanadium-based alloy is in

contact with the liquid lithium in the first-wall/blanket/shield system. At

or near the vacuum boundary, a transition is made to another material (e.g.,

stabilized ferritic steel) leading to the heat exchanger and the coolant

purification system. Table 7.4-2 summarizes some of the important parameters

needed to do the analysis of purification rates.

Thermodynamic Equilibrium Calculations

Equilibrium calculations are now performed for the Li-V system, the Li-

steel system, and the steel-Li-V system. A useful parameter for performing

this analysis is the distribution coefficient.'21,22; p o r t^B Li-V system, it

is given by

Kw = (C°/C°.) exp [(AF°. - AF°)/RT], (4)

where C is the saturation concentration of H, 0, N, or C in V, cf. is the
Li

saturation concentration of H, 0, N, or C in Li, AF.. is the free energy of

formation of the most stable compound of Li and H, 0, N, or C, and AF is the

free energy of formation of the most stable compound of V and H, 0, N, or C.

The distribution coefficient gives the ratio of the impurity concentration in
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TABLE 7.4-1
Sumary of Design Limits and Goals for Interstitial Impurity Content

in Vanadium and Vanadium-Based Alloys for a
Liquid-Lithium/Vanadium System

Impurity

H

0

N

C

Solubility8

wppm

1.1 x 104

3.9 x 103

4.0 x 102

Diffusivitya

cm2/s

1.8 x 10~4

1.1 x 10"10

3.9 x 10"12

1.2 x 10"10

Design
Corrosion

—

1100

3900

400 .

Limit, wppm
Embrittlement

300

2100

3000

™

Design
Corrosion

600

2000

200

Goal, wppm
Embrittlement

120

1300

1800

—

a Representative values at 500*C.

At 1 Pa H2 partial pressure.



High T \ HighT

Source

Leak

I

I

t
t
t
t

C,N
Sink

Low T

Heat
Exchanger

I t Low T

Blanket
(MHD)

Purification

Figure 7.4-2 Schematic of the vanadium/liquid lithium/steel system for
TPSS.



TABLE 7.4-2
EstiMted TPSS Parameters for Coolant Purification Rate Analysis

OH

Material

Coolant (Li)

Vanadium

Steel

Piping

Heat Exchanger

T.
•'in
°C

280

-

-

-

Tout
°C

550

-

-

—

Mass Flow

Rate, Kg/s

2000

-

-

—

Mass

Kg

4 x 10*

6 x 10*

8 x 103

8 x 10*

Surface

Area, m^

3 x 10*

26

8 x 103

Thickness

mm

1

41

1



V as compared to Li at thermodynamic equilibrium. Table 7.4-3 summarizes the

results of the distribution coefficient calculations at 280°C and 55O°C for

the impurities of interest. As stated in the introduction of this subsection,

Li will tend to remove H and 0 from V (distribution coefficients much less

than 1). Therefore, corrosion and embrittlement due to H and 0 are not of

concern. Thus, the rest of this section concentrates on the effects of N and

C.

Because of the wide variation of distribution coefficients with tempera-

ture, the distribution coefficients are averaged over the temperature range of

280 - 550°C to give Kw = 90 for N and Kw = 3.3 x JO
9 for C. Clearly N is not

a serious problem. In order to maintain an N concentration of less than 1800

wppm in V, the N concentration after redistribution would have to be less than

20 wppm. For sodium-cooled fast reactors, the N concentration is undetectible

( « 0.1 wppm) .(•2J,2'U p o r experimental Li corrosion loops, the N concentra-

tion is maintained at levels between 10 and 50 wppm. ' '

Maintaining the carbon level in V at less than 200 wppm is a potential

problem. A simplistic calculation implies that the C level in the Li would

have to be maintained at a level of less than 6 x 10~° wppra based on equilib-

rium considerations and a continual supply of C to the lithium. If, for the

moment, one ignores the C source from the second metal in the system, a more

practical calculation can be performed. Based on Table 7.4-2, there is ~ 6 x

10 kg of V in the first-wall/blanket/shield system. In order to achieve a

uniform concentration of 200 wppm requires at least 12 kg of C in the liquid

lithium at the start of operation. With ~ 4 x 10 kg of Li coolant, this

implies that the initial Li would have to contain at least 300 wppm C. Exper-

imental Li loops operate with C levels of ~ 10 wppm.^D EBR-II and FFTF (Na-

cooled, bimetallic fast reactors) operate with C levels of ~ 0.1 wppra.(23,24)

It would be no problem to purify the lithium to C levels of < 300 wppm before

operation. The only issue of concern, then, is the C transport from the steel

in the primary piping and heat exchanger to the first-wall/blanket/shield V

with the liquid Li coolant acting as the transport medium.

Again refering to Table 7.4-2, the amount of steel in the piping and heat

exchanger is estimated to be ~ 8.8 x 10** kg. The carbon levels in Types 304

and 316 stainless steels are on the order of 800 wppm and for HT-9 on the

order of 2000 wppm. Thus, for a range of possible metals for the second metal
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TABLE 7.4-3
Distribution Coefficients for the Impurities of Interest in the V-Li System at 55O*C (280°C).

Relevant parameters are taken from Refs. 21 and 22.

Impurity
Solubility, wppm

in Li in V
Most Stable Compound

Li V
Free Energy, kJ/atom

Li V
Distribution
Coefficient

Ha 83
(380)

2330

(147)

98,000

(12000)

28,600

(2860)

0.19

(1.5)

12,000

(5950)

4930

(871)

(516)

(81)

LiH

Li2O

Li3N

1/2 Li2C2

VH0.94

v9o

v2c

-232

(-235)

-491

(-528)

-71.8

(-117.5)

-8.19

(16.22)

-

-

-369

(-422)

-100.2

(-122.8)

-143.6

(-144.8)

3.

(6.

8.

(3,

1

(5

6

(3.

33 x

73 x

68 x

.25 x

.47 x

.97 x

91 x

lO"3

10~4)

10~8

10-9)

102

101)

106

1010)

aAt ~ 4 Pa H2 partial pressure.



in the system, the total carbon in the system is between 70-180 kg, more than

enough to cause problems with the vanadium (as well as the steel) if all of it

were transferred.

Before treating the kinetics cr the decarburization rates for steel in a

bimetallic Li loop, the thermodynamics of the Fe-C-Li system are reviewed.

For simplicity, other alloying constituents are ignored. The most stable iron

carbide is Fe^C. Assume that decarburization of this compound proceeds

according to

Fe3C + Li + 3 Fe + 1/2 L i ^ . (5)

The free energy of formation of FejC (per atom mole C) is

AF°e * 16.12 - 4.777 x 10~
2 In T + 4.045 x 10~5 T 2

-1.675 x 102/T + 0.2772T, kJ/atora mole C. (6)

The solubility of C in Fe is given by^

C° e = exp (3.13 - 3390/T), wppm. (7)

From Ref. 21, the corresponding values for 1/2 LiJ^j are

AF°. =• -32.66 + 2.973 x 10~2 T, kJ/atom mole C (8)

and

CL- - exp (5.772 - 3885/T), wppm. (9)

Substituting these expressions (Gqs. 6-9) into Eq. 4 gives

Kw - exp (-32.40 - 5371/T - 4.864 x 10"
3T

+ 2.014 x 104/T2 + 5.745 lnT). (10)
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This expression gives V^ (550°C) = 1.31 x 10 2, K = 3.89 x 10~3 and 1^

(280°C) = 2.13 x 10 • Thus, from a thermodynamic-equilibriura viewpoint, most

of the carbon in the structural steel would be transferred to the lithium.

For the bimetallic system, with liquid Li as the C transport medium, most

of the C in the steel would be transported to the V. This would tend to cause

corrosion problems with the V and a loss of strength in the steel.

Kinetic Calculations

Important phenomena in the kinetics calculations are the decarburization

rate of the steel, the carbonization rate of the V, and the corrosion rate of

the V. These determine the purification rates required. First, the decarbur-

ization rate of steel is considered. For a plate of thickness 1 mm containing

an initially uniform carbon concentration of 0.2 wt.% (1.33 x 10 moles/cm ),

the transient solution for the decarburization rate, n (in moles C/cm *s),

n = (D C ID I exp [-(2n +l)2(ir2/4)(Dt/*2)], (11a)
c o n=o

or

nc = 0.5 D CQ (nDt)"1/2 {l + 2 j ^ (-l)n exp f-n2£2/(Dt)]}, (lib)

where C is the initial carbon concentration in the steel, 0 is the effective

diffusion coefficient for C in steel, t is the plate thickness, and t is time

in seconds.

The total rate of decarburization in kg/s is found by multiplying Eq. lla

or lib by the surface area of the steel and converting from moles to kg. For

the specific problem under consideration, CQ * 1.33 x 10 moles/cm , t * 1 mm

and the contact surface area between the steel and the Li is ~ 8000m . The

effective diffusion coefficient for Eq. lib is defined as Deff • (D ) over

the temperature range of interest (280-550°C). For C in o-Fe, this value is

quite high (2 x 10"8 cm2/s), while for C in y~Fe the effective diffusion

coefficient is much lower (1.4 x 10"11 c m 2 / s ) / 2 9 ' In ferritic steels, the

diffusion of carbon is complicated by the formation and decomposition of metal

carbides. While the structure of ferritic steels such as HT-9 is primarily a-

Fe, the presence of alloying elements such as Cr results in a much lower
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effective diffusion coefficient than the 2 x 10~° cm2/s. Based on C depletion

of various ferritic steels in liquid Na loops, &eff
 = 4.8 x 10"11 cnr/s for

isothermally annealed Fe-2-l/4Cr-lMo, 7.6 x 10~13 cm2/s for normal Fe-2-l/4Cr-

lMo, and 2.9 x 10~13 cm2/s for Fe-9Cr-lMo.^30^ As the composition of HT-9 is

closer to Fe-9Cr-lMo than Fe-2-l/4Cr-lMo, a D e f f ~ 3 x 10~
13 cra2/s is used in

the following calculations.

Substituting the above numbers into Eqs. lla and lib gives the decarburi-

zation rate, M , of a simple Fe-C system as:

Mc - 1.1 ty"
1/2 [1 + 2 J ^ - D " exp (-1060 n2/ty)], kg/y, (12)

where t is time in full power years. For t <_ 5y, Eq. 12 is convenient

because the infinite series is negligible. Thus, within the lifetime of the

blanket, the rate of decarburization and the total C removed from the steel

are given by

-1/2Mc = 1.1 ty
 iU, kg/y (13)

and

Mc = 2.2 /t~, kg. (14)

Equation 14 implies that over the 5-year lifetime of the blanket, only ~5

kg of C would be transferred to the Li. This is below the 12 kg required to

achieve a uniform concentration of 200 wppra carbon concentration in the V.

From this point of view, no cleanup of the C in the liquid Li coolant would be

required. However, because the diffusion of C in V is relatively slow,

carburization (e.g., corrosion) of the surface of the V could still occur.

This subject is analyzed below.

If it is assumed that the Li coolant is merely a transport medium, then
_2 —1/2 3the V is exposed to a C concentration in the Li of 1.4 x 10 ty kg/m «y

(2 x 10~10 t"1^2 moles C/cm3«s, where t is in seconds). The effective dif-

fusion coefficient for C in V is 3.3 x 10 cm /s in the temperature range of

280 - 550°C. The penetration depth of the carbon is on the order

of 6 = 2 /D t * 1.2 x 10~ Jt cm - 0.65 /t~ mm. Therefore, in t ~ 2.4 y
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the penetration depth will be 1 mm. The average buildup of C in the V within

the penetration layer will be ~ 3 wppm at t ~ 2.4 y with a peak concentration

at the surface of ~ 6 wppm. After that, the concentration will increase to an

average level of ~ 80 wppm at t = 5 full power years.

Summary

A series of simplified calculations were performed for the Li-V system

with C, N, 0, or H impurities, the Li-Fe-C system and the Li-Fe-C-V system.

Because Li has a higher affinity for 0 and H, these non-metallic impurities

are not considered as corrosion/embrittlement agents for V and V alloys. The

impurity N is a potential problem with regard to both embrittlement and cor-

rosion. Assuming that the liquid Li is the primary source of N for the

system, average N levels of less than 20 wppm would have to be maintained in

the Li. This does not seem to be a problem, particularly if the Li is in a

closed loop and can be purified to that level before operation. Solid getters

such as Ti, Zr, or Nb are capable of reducing the nitrogen in lithium to

acceptable values. The carbon is the most serious problem, particularly with

regard to corrosion. The large distribution coefficient for the V-C-Li system

suggests that essentially all of the C would be transferred to the V at equi-

librium. Based on a realistic mass balance, all that would be required of the

Li is that it be purified to C levels of «300 wppm to keep the levels in the

V to «200 wppm, on the average. As in the case for N, it appears that stable

carbide formers such as Ti, Zr, and Nb could be used as getters to maintain

acceptable low levels of carbon in lithium.

An analysis of the Fe-C-Li system indicates that most of the C in the

steel would be transferred to the Li (and then to the V) at equilibrium. This

amounts to 70-180 kg of C source, more than the 12 kg required to cause all

the V to have a level of 200 wppra of C. However, the kinetics of the decar-

burization of the steel and the carburization of the V are reasonably slow.

Based on a bounding calculation, after 5 years of full power operation, only 5

kg of C would be transferred from the ferritic steel to the V resulting in an

average C concentration of only ~ 80 wppm in the V. This is well below the

goal of 200 wppm. However, if surface effects result in a high O400 wppm)

concentration of C on the V surface, then corrosion could still be a problem.

The calculations were performed without consideration of V alloying elements

(e.g., Cr) which could result in the buildup of chromium carbides near the

7-62



surface* Use of stabilized steels in the heat transport system should tend to

inhibit the carbon transport.

It is recommended that the liquid lithium coolant be cleaned before

operation to achieve conditions of < 1 wppra C and < 10 wppm N. The secondary

steel in the bimetallic loop will provide an additional source of C and N,

with C transport being the primary problem. The simplistic calculations

performed in this section indicate that the decarburization of the ferritic

steel would be too slow to seriously degrade the V over its five year design

life. In addition, purification during operation, e.g., by gettering, would

further reduce the impurity transport problem. A more sophisticated analysis,

with more experimental data for verification, is required to assure satis-

factory operation.

In addition to the possible requirement of C (and N) cleanup during

operation, it will be important to optimize the alloy compositions of the

steel and the V. Recall that the design life for the heat exchanger is ~ 40

years. Over this period of time, the degradation of the steel by decarburi-

zation should also be considered. The additions of Nb and/or Ti to the steel

would help stabilize the C in the steel and inhibit degradation of the steel

properties as well as reduce the carbon transport problem. With regard to V,

the use of Ti should be minimized as Ti has a higher affinity for C and N than

do Li, V, and Fe.
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7.5 Nucleonics Analysis

A study of liquid lithium self-cooled blankets with reflectors made of

tungsten or calcium oxide materials was carried out to define the performance

of these blankets and to determine the maximum possible values of the perfor-

mance parameters. The main parameters considered in the study are the tritium

breeding ratio (TBR), the energy generated in the blanket, the energy fraction

lost to the shield, the total blanket thickness and the liquid lithium

fraction in the reflector zone.

Another study was carried out to determine shield materials, composi-

tions, arrangements, and thickness of the shield zone for the reference blan-

ket. Helium- and water-cooled shields were optimized for the inboard and out-

board sections of the reactors. Two shielding criteria are adopted for this

study: (a) toroidal field coils are required to function for a 150 MW«yr/m

deuterium-tritium neutron exposure at the first wall without a change in their

performance, and (b) workers are permitted in the reactor hall one day after

shutdown. Based on the above two studies, the reference blanket and shield

configurations were developed.

7.5.1 Blanket Analysis

The blanket is designed to convert the kinetic energy of the deuterium-

tritium (DT) neutrons to recoverable heat and produce adequate tritiuai to

supply the tritium fuel requirement during the whole reactor lifetime as well

as generate enough surplus tritium to start another reactor within a reason-

able period of time. In the reactor design process, it is desirable to maxi-

mize the recoverable heat produced in the blanket which is defined as the

energy generated in the first wall, breeder, reflector, and plenum zones per

fusion neutron. Another important function of the blanket is to perform as a

part of the reactor bulk shield.

In parametric analysis, three performance parameters are used to deter-

mine the preferred blanket configurations; the tritium breeding ratio (TBR),

the energy generated in the blanket per DT neutron, and the energy fraction

lost to the shield of the total energy generated per DT neutron. The changes

in these performance parameters were analyzed for the following variables: (a)

the breeder zone thickness, (b) the reflector material selection (W or Ca),

(c) the reflector zone thickness, and (d) the reflector zone composition.
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The blanket parameters considered in the study are given in Table 7.5-

1. The first wall and the tritium breeding zone compositions are dictated by

thermal-hydraulics, stress, MHD, and materials considerations. Tungsten and

calcium oxide (CaO) materials were considered in the reflector zone. Only

natural lithium was employed during this study. A shield zone is included in

the calculational model to insure correct boundary conditions at the outer

surface of the reflector zone. The one-dimensional discrete ordinates code

ONEDANT^*' was used to perform the transport calculations with a P5 approxima-

tion for the scattering cross sections and an Sg angular quadrature set. A 67

coupled group nuclear data library (46 neutron and 21 gamma) based on ENDF/B-

IV with corrected lithium-7 corss sections was employed for these calcula-

tions. VITAMEN-C(2> and MACKLIB-IV(3) libraries were used to obtain this

library.

Blanket Para
TABLE 7.5-1

iters of the Hucleonic Analysis

Zone
Description

Zone
Thickness

(cm)

Zone
Composition
(Vol. X)

First Wall

Breeder

Reflector .

Shield

(X)a

(Y)a

80

50% V15Cr5Ti alloy
50Z natural lithium

7.5Z V15Cr5Ti alloy
92.5Z natural lithium

102 V15Cr5Ti alloy
ZaZ natural lithium
(90-Z)Z reflector materialb

20Z water
80Z Fel422 steel alloy

aX, Y, and Z are variables, where X is the breeding zone thickness, Y is the
reflector zone thickness, and Z is the reflector material fraction in the
reflector zone.

^Tungsten or calcium oxide (CaO).

Previous studies' »^ showed that good neutron moderators combined with

high Z materials in the reflector zone improve the blanket performance. In

general, the use of the reflector zone improves several aspects of the blanket
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design: (a) it reduces the blanket thickness to achieve a specific TBR, (b) it

increases the blanket energy generated per fusion neutron, (c) it reduces the

energy generation in the bulk shield, and (d) it reduces the total blanket and

shield thickness for a specific blanket performance. The selection of tung-

sten or calcium oxide in the reflector zone was made for different reasons.

Tungsten reduces the blanket and shield thickness and increases the blanket

energy multiplication factor. The combination of the tungsten reflector, the

liquid lithium, and the vanadium structure produces a low activation blanket

which does not require long-term storage of radioactive wastes. The main con-

cern with this blanket is the cost of the tungsten material. For this reason,

calcium oxide was considered because of significant cost reduction compared to

tungsten. However, the tungsten reflector is superior to calcium oxide with

respect to the blanket performance as will be shown in this section.

In order to study the blanket performance of a self-cooled liquid lithium

blanket with a tungsten reflector, a wide range of design parameters was

considered. The breeding zone thickness was varied from 20 to 50 cm with a

7.5 Vol.Z V-15Cr-5Ti structural material. The reflector zone consists of 10

Vol.% V-15Cr-5Ti structural material with the balance used for the liqurdi.

lithium and either tungsten or calcium oxide. The lithium fraction in the '

reflector zone was varied from 0.1 to 0.4 in steps of 0.1. The tungsten and

calcium oxide materials are used in a powder form with a 0.9 density factor to

reduce the materials unit cost. The reflector zone thickness was varied from

20 to 80 cm. Different combinations of the blanket parameters were used in

the transport calculations. Results are displayed in Figs. 7.5-1 through 7.5—16.

7.5.1.1 Blankets with Tungsten Reflector

The change in the tritium breeding ratio as a function of the blanket

parameters was analyzed. Fig. 7.5-1 shows a strong correlation between the

tritium breeding ratio and the breeding zone thickness. For a 30 cm reflector

zone thickness and a 10 Vol.Z lithium in the reflector, the tritium breeding

changes from 0.85 to 1.28 as the blanket thickness increases from 20 to 50

cm. Increasing the lithium fraction in the reflector zone from 10 to 40 Vol.2

results in ~0.1 increase in the tritium breeding ratio. This increase

decreases to 0.04 as the breeding zone .ickness increases to 50 cm. This

clearly shows a weak correlation between the tritium breeding ratio and the
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Fig. 7.5-1. Tritium breeding ratio as a function of the breeding zone
thickness for a 30 cm tungsten reflector zone thickness with
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lithium fraction in the reflector zone for this type of blanket. Figure 7.5-2

shows the tritium breeding ratio as a function of the reflector thickness for

10 Vol.% lithium in the reflector zone and different breeding zone thick-

nesses. The results of Fig. 7.5-2 reflect the strong correlation between tri-

tium breeding ratio and the breeding zone thickness and the weak effect of

reflector zone thickness. Figure 7.5-3 shows the tritium breeding ratio as a

function of the lithium fraction in the reflector zone for a 35 cm breeding

zone thickness with different reflector zone thicknesses. These results also

show that the tritium breeding ratio increases slowly with the lithium frac-

tion in the reflector zone and the reflector zone thickness.

The energy generated in the blanket for the range of blanket parameters

under consideration is shown in Figs. 7.5-4 through 7.5-6. Figure 7.5-4 shows

the energy generated in the blanket as a function of the breeding zone thick-

ness with different lithium fractions. The energy generated in the blanket

increases as the lithium fraction in the reflector zone decreases. Modest

increases are also observed as the breeding zone thickness increases for

lithium fractions y_ 0.2 in the reflector zone. However, for a lithiun

frastijon of about 0.1 in the reflector zone, the energy generated in the

blanket changes very little as the breeding zone thickness increases. These

results suggest a 0.1 lithium fraction in the reflector zone for the reference

design to achieve the maximum possible energy generated per fusion neutron

from this pystera. Figure 7.5-5 shows the energy generated in the blanket as a

function of the reflector zone thickness with a 0.1 lithium fraction in the

reflector for different breeding zone thicknesses. The energy generated in

the blanket increases as the reflector zone thickness increases for any

breeding zone thickness. Above a 30 cm reflector zone thickness, the energy

generated in the blanket increases as the breeding zone thickness decreases.

Figure 7.5-6 displays the energy generated in the blanket as a function of the

lithium fraction in the reflector zone for a 35 cm breeding zone thickness

with different reflector zone thicknesses. These results indicate that it is

desirable to increase the reflector zone thickness and decrease the lithium

fraction in the reflector zone.

Results of similar analyses carried out for the energy generated in the

shield are shown in Figs. 7.5-7 through 7.5-9. This energy is lost to the

environment because it is not suitable for power generation. It is desirable
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to minimize this loss to improve the reactor economics. The plant efficiency

drops by about 1% for every 3% of the total energy generated in the shield.

The results of Fig. 7.5-7 show that the minimum breeding zone thickness is 35

cm for a 30 cm reflector zone thickness with a 0.1 lithium fraction to achieve

the 3Z value. The energy generated in the shield significantly increases as

the lithium fraction in the reflector increases. Also, an increase in the

blanket thickness (breeding or reflector zone) reduces the energy generated in

the shield as shown in Figs. 7.5-5, 7.5-8, and 7.5-9.

7.5.1.2 Blankets with Calcium Oxide Reflector

Tritium breeding ratio from blankets with a calcium oxide material in the

reflector zones are shown in Figs. 7.5-10 and 7.5-11. The results in Fig.

7.5-10 show the strong dependence of the tritium breeding ratio on the

reflector zone thickness. Also, the tritium breeding ratio from blankets with

calcium oxide in the reflector zone are higher than the corresponding values

from the similar blankets with the tungsten reflector. Figure 7.5-11 shows

the increase in the tritium breeding ratio as the lithium fraction in the

reflector zone increases. These tritium breeding results show that any of the

blanket parameters (the breeding zone thickness, the lithium fraction in the

reflector zone or the reflector zone thickness) can be increased to improve

the tritium breeding ratio.

The energy generated in the blanket for the same range of blanket parame-

ters is shown in Figs. 7.5-12 and 7.5-13. In contrast to the blankets with a

tungsten reflector, an increase in the breeding zone thickness with any

reflector zone thickness improves the energy generated in the blanket as shown

in Fig. 7.5-12. Also, the increase in the thickness of the reflector

increases the energy generated in the blanket. However, the increase in the

lithium fraction of the reflector results in a small increase in the energy

generated as shown in Fig. 7.5-13. The use of calcium oxide in any reflector

considered in the previous section improves the tritium breeding ratio by

about 0.1 and reduces the energy generated in the blanket by about 13Z

relative to a similar blanket with tungsten.

The energy fractions generated in the shield for the blankets with cal-

cium oxide in the reflector are shown in Figs. 7.5-14 and 7.5-15. These

results show that a reflector zone thickness greater than 65 cm is required to
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reduce the energy fraction generated in the shield to 0.03. Such thick

blankets will cause design difficulties if it is considered for the inboard

section of the reactor. For the same blanket thickness, the energy generated

in the shield zone behind the calcium oxide reflector is three times the

corresponding value for the tungsten reflector.

7.5.2 Reference Blanket

Based on the analysis given in the previous section, the reference blan-

ket parameters are defined in Table 7.5-2 which gives the dimensions and

compositions of the different zones. A blanket with a tungsten reflector

produces 15% more energy and requires 20 cm less thickness relative to the

corresponding blanket with a calcium oxide reflector. For these reasons, a

blanket with a tungsten reflector was the choice for the inboard section of

tha reactor because of the desire to reduce the inboard blanket/shield thick-

ness and the benefits from the higher blanket energy multiplication. The

lithium fraction in the reflector zone is based on the results of Figs. 7.5-4

and 7.5-7 which show that the lowest fraction value produces the highest

energy multiplication and the lowest energy loss to the shield system. From a

MHD point of view, the 0.1 value is considered the lowest reasonable value to

avoid narrow channels and high lithium velocities. At this lithium fraction

in the reflector zone, the energy generated in the blanket does not change

with breeding zone thickness as shown in Fig. 7.5-4. Therefore, the breeding

zone thickness is defined based on the results of Fig. 7.5-1 to achieve about

a 1.1 tritium breeding ratio. The reflector zone thickness is based on the

criterion for energy loss to the shield. A 30 cm reflector zone thickness

will limit the energy loss in the shield to about 3% of the energy generated

per fusion neutron. It should be noted that changing the reflector zone

thickness from 30 to 40 cm results in only a 1.5% increase in the energy

generated in the blanket and about a 30% increase in the cost of the inboard

blanket. Therefore, the 30 cm reflector zone thickness is selected for the

reference design.
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TABLE 7.5-2
Reference Blanket Parameters

Zone
Description

Zone
Thickness

(cm)

Zone
Composition
(Vol. %)

A. Inboard Blanket

First Wall

Breeder

Reflector

B. Outboard Blanket

First Wall

Breeder

Reflector

35

30

1

30

55

50% V15Cr5Ti alloy
50% natural lithium

7.5% V15Cr5Ti alloy
92.5% natural lithium

10% V15Cr5Ti alloy
10% natural lithium
80% tungsten powder (0.9 DF)

50% V15Cr5Ti alloy
50% natural lithium

7.5% V15Cr5Ti alloy
92.5% natural lithium

10% V15Cr5Ti alloy
10% natural lithium
80% CaO powder (0.9 DF)

In the outboard section of the reactor, the main criterion is to reduce

the capital cost of the blanket by using a low cost reflector material. The

calcium oxide reflector is used for this function. The dimensions and compo-

sitions of the different zones of the blanket for this reflector are given in

Table 7.5-2. The breeding zone thickness of 30 cm is based on the results of

Figs. 7.5-10 and 7.5-12. A tritium breeding ratio _>. !•! c a n *>e achieved with

any reflector zone thickness _>_ 20 cm. The energy loss to the shield dictates

the thickness of the reflector zone. In this design, a 55 cm thick reflector

is used to reduce the energy loss to about 5% of the total energy generated

per fusion neutron as shown in Fig. 7.5-14. Further increases in the reflec-

tor zone thickness has a small effect on improving the blanket performance.

This blanket has a tritium breeding ratio of 1.25 as shown in Table 7.5-3
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0.027
1.059
0.027
1.113

0.68
11.93
5,19
0.59

17.80

18.39
1.27
0.03

0.026
1.009
0.214
1.249

0.66
11.13
4.64
0.81

16.43

17.24
1.17
0.05

which is quite adequate for the reference design. Table 7.5-3 gives the

performance parameters of the reference blanket.

TABLE 7.5-3
Performance Parameters of the Reference Blanket

Inboard Outboard

Tritium production in the first wall per DTn
Tritium production in the breeding zone per DTn
Tritium production in the reflector zone per DTn
Tritium breeding ratio

Energy generated in the first wall MeV/DTn
Energy generated in the breeding zone MeV/DTn
Energy generated in the reflector zone MeV/DTn
Energy generated in the shield zone MeV/DTn
Energy generated in the blanket MeV/DTn

Total energy generated in the blanket/shield MeV/DTn
Blanket energy multiplication factor
Energy fraction lost in the shield

An alternative design approach is to increase the breeding zone thickness

in the outboard blanket to achieve a higher tritium breeding ratio while

reducing the breeding zone thickness of the inboard blanket. For example, the

use of a 40 cm breeding zone thickness in the outboard blanket will increase

the tritium breeding ratio to 1.55, which only requires a 0.21 tritium

breeding ratio from the inboard blanket to achieve the same total breeding

ratio of the reference design. Such an approach results in a 10 cm reduction

in the inboard blanket/shield thickness.

7.5.3 Shield Analysis

A study was performed using the reference blanket to determine the

shielding requirements and the nuclear responses in the superconductor

coils. The shielding material selection, composition, arrangement, shielding

coolant selection, and thickness were considered in the analysis. The shield

zone was optimized to protect the superconductor coils from radiation damage

during the reactor operation and the workers in the reactor hall from the

decay gamma rays after shutdown. The study employed the same data libraries
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and the same radiation transport code used for the blanket analysis. The

design criteria, the analysis procedure, and the results are discussed in this

section.

7.5.3.1 Shield Design Criteria

The effects of neutron and photon irradiations on superconductor coils

tend to lower their performance. ' For NbTi superconductor material, results
f 7 8^from neutron irradiation experiments^'» ' have shown that the critical current

density is decreased by about 102 at a fast neutron fluence of about 4x10"

n/cra (E > 0.1 MeV) while the critical temperature is unchanged. Also, irra-

diation experiments at the Rotating Target Neutron Source II on NbTi super-

conductors show consistent results with previous work. The degradation of the

critical current is expected to reach a saturation value at high neutron

fleunces. At ambient temperature, neutron irradiation experiments show a

saturation value of 20%. The extrapolation of the existing data at 4°K to

10 * n/cm , results in a 17% reduction in the critical current. Such fluence

degradation does not represent a problem for the current 7T magnet design

since the NbTi superconductor must operate below the initial current density

due to coil protection considerations.

The copper stabilizer material in the superconductor coils carries the

current in the event that the superconductor material temporarily acts as a

normal conductor. The coolant system of the superconductor coil is designed

to remove the generated heat (I^R) in the stabilizer material so that the

normal region does not propagate because of the temperature rise. The resis-

tance R of the copper stabilizer is the key parameter for this process. The

total resistivity p of the copper material consists of three components: the

initial resistivity p , the magnetoresistivity p , and the irradiation induced

resistivity p£rr« Magnetoresistance is a function of pQ, Pj r r, and the mag-

netic field which complicates the evaluation of p. Experimental studies^*'*"'

have addressed the change of copper resistivity as a function of magnetic

field, fast neutron fluence, and number of cycles of alternate neutron irradi-

ation at 4K and annealing at 300K. The copper resistivity increases rapidly

with the fast neutron fluence and reaches a saturation value of ~4xl0~' ft-

cm. At this level of neutron fluence, the total copper resistivity in the 7T

magnet is ~1.6 times the saturation level. This change in the copper resis-
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tivity can be accommodated in the design process by using more copper stabi-

lizer which increases the thickness of the coils, can be partially annealed

out by warming the coils, or can be reduced by improving the shield perfor-

mance. The three approaches were considered for this study. The 7T magnet

uses a large copper fraction, ~50% of conductor cross section, and forced

liquid helium flow for heat removal. Such a design permits the copper

stabilizer to operate at the saturation level of the irradiation induced

resistivity. The anneal process can be considered to slightly increase the

current density in the conductor.

For a fusion power reactor, the insulator material is the most sensitive

component in the superconductor coils because the radiation damage is irre-

versible and limits the operating life of the coils. The properties of

interest for the coil designs are the electrical resistivity, the dielectric

strength, the mechanical strength, and the thermal insulation. Experimental

results' 16-18) from neutron irradiation at 5K suggest that polyimides can

withstand a radiation dose of lCr" rad and retain high resistivity and

mechanical strength. The maximum tolerable dose in the insulator material at

the end of life was assumed to be 5x10 " rad for the current analysis. The

low value of the magnetic field (7T at the conductor) and improvements in

insulator materials are expected to allow for a higher dose limit.

The nuclear heating in the coils impacts the required refrigeration power

since about 500W of electrical power is consumed to remove 1W at 4K. This low

removal efficiency calls for minimizing the nuclear energy deposited in the

superconductor coils. The maximum nuclear heating must be <1.0 niW/cn to

maintain reasonable refrigeration capacity and to use a simple design for the

heat removal system.

For personnel exposure, the U.S. Federal Regulations^^ limit the

occupational exposure to 5 rem/y with a maximum of 3 rem/quarter. Based on

working 8 h/day and 40 h/week, the occupational exposure is 2.5 mrem/h.

7.5.3.2 Shield Analysis

First, one-dimensional nucleonics calculations were performed as a func-

tion of the shield thickness. The analyses for the inboard and the ouboard

section were carried out separately to account for the differences in the

blanket materials and the design criteria. The total thickness of the inboard
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blanket and shield is an important parameter for the reactor design. In the

current study the shield section was designed to protect the inner leg of the

toroidal field coils. The outboard shield was designed to permit presonnel

access to the reactor hall one day after shutdown.

The materials for the shielding system were selected based on trade-off

studies and the results of the previous design studies. " i n the selec-

tion process, safety, cost, and performance were considered. The shielding

materials selected for this study are Fe-14Mn-2Ni-2Cr steel alloy (Fel422),

titanium hydride (TiHj), boron carbide (B^C), water, and lead. Fel422 is the

main shielding material because of its low concentration of nickel and

chromium. Low nickel concentration reduces the dose equivalent after shutdown

and the production of long-lived isotopes, low chromium concentration mini-

mizes the consumption of strategic materials. Two coolants, water and helium,

were considered for the shield. Special attention was given to the helium-

cooled shield to improve its performance because of the safety advantage with

liquid metal systems. Fel422 is the structural material for the shield. TiH£

is used as a substitute for water in the helium-cooled shield. A hydrogen

moderator is essential for effective shield performance as will be shown in

this section. A small amount of B^C is used at the back of the shield as a

neutron absorber to reduce the activation in the reactor components and the

structural materials. A 0.7 density factor was used for the B^C to avoid the

fabrication cost required for a high density material. Lead is used as a

gamma ray attenuator at the outermost surfaces of the outboard shield ao that

the dose equivalent in the reactor hall is reduced after shutdown.

The composition and material arrangement for both the helium and water

cooled shields used in the first part of the study are given in Table 7.5-4.

Figures 7.5-16 through 7.5-20 give the nuclear responses in the inboard

section of the toroidal field coils as a function of the shield thickness.

These calculations were performed using the discrete ordinate code ANISN^O and

a Po Legendre expansion for the scattering cross sections. The nuclear data

library used in the blanket analysis is employed for this study.

For the water shield, the maximum insulator dose results shown in Fig.

7.5-16 indicate that a 35 cm thick shield (101 cm thick blanket and shield) is

required to achieve the 5 x l O ^ rads. The 10*' fast neutron fluence in the

superconductor material require a 37 cm thick shield. At this shield
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Fig. 7.5-16. Maximum insulator dose as a function of the shield thickness
normalized to 150 MW«y/m D-T neutron fluence at the first wall.
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thickness, the nuclear heating rates are less than the design limits. On the

other hand, the helium-cooled shield requires 63 cm of shielding material (129

cm thick blanket and shield) to achieve the same nuclear responses in the

superconductor coil. This represents an extra 28 cm of shield material in the

inboard section.

TABLE 7.5-4
Blanket and Shield Model for the Inboard Section

Used in the Shielding Analysis

Zone
Description

Zone
Thickness

(cm)

Zone
Composition
(Vol. %)

Plasma
Scrape-off
First Wall

Breeding Zone

Reflector Zone

Steel Shield

Boron Shield

Gap

Dewar

Thermal Insulator

Coil Case

Winding

Coil Case

100
7.5
1

35

30

2

3

5

7

20

Vacuum
Vacuum
502 V15Cr5Ti alloy
501 natural lithium

7.5? Vl5Cr5Ti alloy
92.5% natural lithium

10.0% V15Cr5Ti alloy
10.0% natural lithium
80.0% tungsten (0.9 DF)

80.0% Fel422, 20% H,0 or
90.0% Fel422, 10% He

60% B4C (0.7 DF), 20% Fel422, 20% H2O or
60% B4C (0.7 DF), 30% Fel422, 10% He

Vacuum

100% Type 304 stainless steel

5% polyimide insulator

100% Type 304 stainless steel

38% Type 304 stainless steel 24% liquid
He, 32% Cu, 2% NbTi, 4% polyimide
insulator

100% Type 304 stainless steel

a X is a variable.
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The desire to use the helium-cooled shield motivated an optimization

study to reduce its thickness. The approach was to introduce a hydrogenous

material to improve the slowing down characteristics of the shield. Titanium

hydride (TiHj) was selected and used in the steel zone of the shield. The

volume fraction of TiH2 was varied from 0.0 to 0.5 with a helium fraction of

0.1 and the balance as Fel422 in the steel zone. A similar analysis was

carried out for the water-cooled shield to define the water volume fraction in

the steel zone. Figures 7.5-21 through 7.5-25 give the nuclear responses in

the inboard section of the toroidal field coil as a function of the hydroge-

nous material in the steel zone (TiH2 or H"20). The total shield thickness i«

fixed at 37 cm based on the results of Fig. 7.5-17 to limit the fast neutron

fluence to 10 in the superconductor material. These optimization analyses

used a P5 Legendre expansion for the scattering cross sections in the ONEDANT

calculations.' '

The results of the water-cooled shield calculations confirm that the 0.2

water/0.8 Fel422 composition is an optimum choice to achieve the minimum insu-

lator dose and nuclear heating in the superconductor coil. For the helium-

cooled shield, the 0.3 T i ^ / O ^ Fel422 composition is the optimum choice. The

calculated nuclear responses for the insulator dose and the nuclear heating

from the optimum helium-cooled shield are 13 and 8% lower than the correspon-

ding values from the optimum water-cooled shield.

The outboard shield thickness was designed to provide 2.5 rarem/h dose

equivalent in the reactor hall one day after shutdown. Previous

analyses^,15) for high fluence designs show that a 2 x 10^ n/cm^.s neutron

flux at the outer shield surface results in the required dose equivalent.

This requires a calculation of the neutron flux at the outer surface of the

shield for both reference blankets as a function of the shield thickness as

shown in Figs. 7.5-26 and 7.5-27. For the reference blanket with the calcium

oxide reflector, 90 cm shield is required. The water-cooled shield was used

in the calculations; however, the TiHj shield is expected to require about the

same thickness based on the results of Fig. 7.5-22.

7.5.3.2 Reference Shield

Safety considerations associated with the liquid lithium system and the

performance of the optimized helium-cooled shield indicates a preferrence for
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Fig. 7.5-21. Maximum thermal insulator dose as a function of the hydrogenous
material in the steel zone of the shield normalized to 150
MW»y/m2 D-T neutron fluence at the first wall.
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Fig. 7.5-23. Maximum neutron heating in the toroidal field coil as a function
of the hydrogenous material in the steel zone of the shield
normalized to 5 MW/rn2 D-T neutron wail loading at the first
wall.
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Fig. 7.5-25. Maximum atomic displacement in the copper stabilizer of the
inboard section of the toroidal field coil as a function of the
hydrogenous material in the steel zone of the shield normalized
to 150 MW»y/m2 D-T neutron fluence at the first wall.
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wall.
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using the helium-cooled shield over the traditional water-cooled shield.

Table 7.5-5 gives the reference shield parameters. The inboard shield has a

total thickness of 37 cm with 10% of the volume used by the helium coolant.

The maximum nuclear responses in the inboard section of the toroidal field

coils are given in Table 7.5-6. The maximum dose in the electrical insulator

is 9.6x10^ rad which is quite satisfactory based on the current experimental

data for polyimide insulators. The thermal insulator dose is 2.1x10 rad.

The fast neutron fluence is 8xl0iO in the NbTi superconductor. The nuclear

heating is only 0.24 mW/cm . These nuclear responses do not degrade the

performance of the toroidal field coils. The saturation value of the copper

induced resistivity must be considered because of the atomic displacement and

the fast neutron fluence values in the copper stabilizer.

TABLE 7.5-5
Reference Shield Parameters

Zone
Description

Zone
Thickness

(cm)

Zone
Composition

(cm)

A. Inboard Shield

Steel Zone

Boron Shield

B. Outboard Shield

Steel Zone

Boron Shield

Lead Shield

32

80

602 Fel422
30% TiH2
10% He

60* B4C (0.7 DF)
30% Fel422
10% He

602 Fel422
30% TiH,
10% He

60% B4C (0.7 DF)
30% Fel422
10% He

100% Pb
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TABLE 7.5-6
Maxima Nuclear Responses* in the Inboard Section

of the Toroidal Field Coils

Thermal insulator dose, rad 2.1 x 10

9
Electrical insulator dose, rad 9.4 x 10

Fast neutron fluence in the winding material, n/cm 8 x 10

2 19

Total neutron fluence in the winding material, n/cm 1.3 x 10

Nuclear heating in the coil case, mW/cra 1.2

Nuclear heating in the winding material, mW/cm 0.24

Nuclear heating in the coil case, W/cm 11.3

Nuclear heating in the winding material, W/cm 6.8

Atomic displacement in the copper stabilities, dpa 2.8 x 10

A 2 2
All responses normalized to 5 MW/m D-T neutron wall loading or 150 MW«y/m
D-T neutron fluence at the first wall.

The outboard shield requires 90 cm of shield material to achieve the 2.5

mrem/h in the reactor hall one day after shutdown. The composition is the

same as the inboard shield except for a 5 cm layer of lead at the outer

surface as shown in Table 7.5-5.
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7.6 Thertnomechanical Analysis

7.6.1 Therraomechanical Analysis for the Inboard Blanket

Therraomechanical analyses for the inboard blanket of the proposed design

have been carried out to ensure that the material temperature and stress

limits have not been exceeded and that the thermal performance of the blanket

has been optimized within the design constraints. The inboard blanket was

chosen for the analyses because the higher magnetic field and the limited

space available make the design more challenging.

The peak material stresses are bending stresses on the 4 mm thick, 5 cm

wide plates which form the first wall. A stress analysis has been carried out

to determine the maximum allowable pressure load, not only for 5 cm but for a

range of spans from 5 to 20 cm.

The bending stresses resulting from the pressure load give rise to defor-

mation of the first wall in the presence of irradiation-induced creep. If one

adopts a limit of 5% as the maximum permissible irradiation-induced creep

strain at the end of life (5 x 10* h and 250 dpa) in addition to the other

allowables based on unirradiated tensile and creep strength properties, the

maximum primary bending stress allowable for V-15Cr-5Ti in the temperature

range 600°C - 700°C is 90 MPa. This allowable stress is independent of

temperature in the range considered because it is controlled by irradiation-

induced creep rather than the thermal creep properties of the material.

Figure 7.6.1-1 shows the allowable pressure as a function of the span for a

first wall thickness of 4 mm. As the figure indicates, the allowable pressure

decreases rapidly from a value of about 1 MPa at a span of 5 cm to a value of

0.3 MPa at a span of 10 cm.

The maximum primary plus secondary (thermal) stress for a temperature

gradient of 150°C through the first wall is about 370 MPa, which is

considerably below the allowable of 700 MPa.

Because of the athermal nature of the primary stress allowable and the

wide margin in the allowable thermal stress, the first wall design considered

here is applicable irrespective of the maximum temperature of the first wall

up to a value of 750°C.
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The pressure load on the first wall depends on the coolant velocity at

the first wall channels. The coolant velocity, in turn, depends on the

neutron wall loading and the heated length of the channel. Thermal analysis

of the first wall channel determines the required coolant velocity. The

pressure load in the first wall channel is then computed and compared to the

allowable limit established by the stress analysis. The velocity distribution

in the blanket is tailored to the volumetric energy deposition rate in order

to maximize the average exit coolant temperature.

Before the thermal analysis can be carried out, the distribution of the

thermal loading in the inboard blanket must be established. Figure 7.6.1-2

shows in a schematic fashion the inboard first wall, blanket, and shield. The

poloidal length is 3.7 m. Of that, 1 u is shielded by the inboard portion of

the limiter, and it does not receive surface heat flux and a portion of the

volumetric heating. The total thermal input to the 1 m long portion is 175

MW, whereas the remaining 2.7 m receives 660 MW. It is assumed here that < 1Z

of the neutron energy, or < 7 MW is deposited in the separately cooled shield.

Because the total energy deposited in the shield is low, its absolute magni-

tude does not affect materially the blanket and reflector design. According-

ly, the results presented here are expected to be valid for any value of the

energy deposition in the shield less than a few percentage' points of the

total. Figure 7.6.1-2 shows the energy deposition rates in the first wall,

breeding zone, reflector, and shield both for the 1 m and the 2.7 m long

portion of the inboard blanket.

The deposition rates were determined from the volumetric energy deposi-

tion rates as a function of the distance of the first wall. Allowance for the

energy deposited in the limiter has been made for the 1 tn long portion of the

blanket. Figusjk 7.6.1-2 also shows the mass flow rates in the first wall,

breeding, and Tsflector zones. The mass flow rates were determined from

energy balance considerations by specifying the same temperature rise of 270°C

through the different areas of the blanket.

The average velocity in the first wall coolant channel is taken to be 90

cm/s. A thermal analysis of the heated portion of the inboard blanket has

been carried out. The results, in the form of the required coolant velocity

as a function of the} neutron wall loading, are shown in Fig. 7.6.1-3. Note

that, according to iFig. 7jii6.1-:3, the required coolant velocity for 5 MW/mz is

1 'i V '• l
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75 cra/s. This value was adjusted to 90 cm/s to account for the fact that the

effective inlet temperature at the beginning of the heated length is 297°C

rather than 280°C. This, of course, occurs because energy is deposited in the

first wall channels even in the portion shielded by the limiter.

The distribution of coolant velocity in the breeding zone is shown in

Fig. 7.6.1-4. The velocities are tailored to the local volumetric energy

deposition rate so that the average exit coolant temperature from each channel

is 550°C.

The reflector layout is dictated by the high reflector/coolant ratio.

This determines the flow coolant area. Given the total mass flow rate re-

quirement for a temperature rise of 270°C, an average velocity of 46 cm/s

results. The location of the coolant channels is chosen in such a way as to

make the energy carried away by each channel the same. Given the total energy

deposition rate in the reflector of 206 MW and the 3324 channels in the re-

flector, it follows that each channel carries 62 kW. This figure is equiva-

lent to a heat flux at the coolant/wall interface of 0.18 MW/m^. For the same

average temperature rise, the mass flow rate through each channel must be the

same. The coolant velocity of 46 cm/s is more than enough to maintain the

structural walls in contact with the coolant below 700°C. In fact, the peak

structural temperature, which occurs at the exterior wall adjacent to the

shield, is less than 650°C. This is a conservative estimate obtained by

assuming that tungsten has the same conductivity as the V-alloy. Actually,

tungsten has a conductivity 4 times higher than the V-alloy. This provides

sufficient margin to ensure that, even in powder form, the reflecting material

will have a better conductivity than the structure and, thus, that the calcu-

lations of the peak structural material temperature is a conservative one.

The MHD pressure drop must now be computed to ensure that the pressure in

the first wall coolant ducts remains below the allowable pressure load for the

chosen design.

In the case of a rectangular duct with insulated walls, the fully

developed MHD pressure gradient is given by

jdp_ x oVB2

dx M
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where M • aB/a/ji is the Hartraann number, B is the transverse magnetic flux

density, V is the average coolant velocity, and a and y are the coolant elec-

trical conductivity and viscosity. The dimension "a" is one half of the

duct's cross sectional dimension in the direction of the magnetic field

vector.

The pressure drop associated with 3-D effects- is known only for a few

well defined simple geometries. For those cases the pressure drop is given by

Ap '

where a is a numerical constant with a value close to one.

The overall pressure drop is determined as the sum of the pressure drop

in the inlet and outlet ducts, the pressure drop associated with the inlet and

outlet manifolds, the pressure drop at the coolant duct inlets due to the

sleeve inserts necessary for pressure balancing and stable flow distribution,

and the pressure drop along the first wall coolant channels.

The parameters needed for the computation of the pressure drop through

use of the two formulae given above are as follows:

Inlet/Outlet Ducts: length = 1 m

a * 0.125 m

local magnetic field » 4.8 T

average coolant velocity ™ 0.35 m/s

First Wall Coolant Channels: length = 3.7 m

a = 0.025 m

local magnetic field = 5.5 T

average coolant velocity = 0.9 m/s

The result of the MHD pressure drop calculations are summarized below.
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Calculated Pressure Drop

Inlet duct: 0.03 MPa

Inlet manifold: 0.05 MPa (estimate)

First wall coolant channel: 0.06 MPa

Sleeve inserts: 0.18 MPa

Outlet manifold 0.05 MPa (estimate)

Outlet duct 0.03 MPa

Total pressure drop 0.4 MPa

Assuming that the outlet pressure is 0.2 MPa, the peak pressure in the first

wall coolant channels is 0.34 MPa. This value is lower by a factor of 3 than

the allowable pressure load.

7.6.2 Global Stress Analysis for First Wall and Blanket

The stresses and deformations in the TPSS inboard and outboard blankets

are analysed for the following load steps:

1. Uniform heating during start-up from room temperature (20°C) to hot

standby (300°C).

2. Steady state thermal loading during plasma burn at time t - 0.

3. Effects of irradiation-induced creep and swelling on stresses and

deformations.

The finite element code ANSYS was used to perform the analyses. Figures

7.6,2-1 and 7.6.2-2 show the nodes and toroidal shell elements used to model

the inboard and outboard blankets. The junctions between the two blankets are

located at nodes 1/2 at the top and at nodes 19/26 at the bottom. The total

radial thickness of both the inboard and the outboard blankets is taken as 80

cms, with the thicknesses of the first and second walls being assumed equal to

5 mm and 5 cm, respectively. The shear rigidity of the' blankets is simulated

by a series of diagonal elements 2 cm thick. The structural material is V-

15Cr-5Ti. In all cases, the inboard and the outboard blankets are assumed to

be unconnected at the top. Two bases are considered for the connectivity of
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the blankets at the bottom. First, the blankets are assumed to be integrally

connected at the bottom. Second, they are considered to be structurally

unconnected. In all cases, the two blankets are assumed to be supported

vertically at the bottom. For the purposes of the present report, the

blankets are considered to be independent of the shield. In fact, one of the

main purposes of the present analysis is to determine the necessary clearances

between the shield and the blankets at the beginning of life. These clear-

ances will be reduced during operation of the reactor because of the deforma-

tion of the blankets by thermal stress as well as by irradiation-induced creep

and swelling. Although, in the present analyses, the blankets are assumed to

be toroidally continuous, the results are also approximately valid for

segmented blankets where the assumption of plane strain condition is more

appropriate. The displacement values reported here are with respect to the

center of the torus.

7.6.2.1 Cold Start-Up

The start-up condition has been idealized in the present report as a

uniform temperature rise of the blankets from room temperature to 300°C

without any significant stress being generated anywhere in the blankets. Of

course, in reality, the start-up transients will cause stresses in the blan-

kets, and the start-up scenario has to be carefully controlled in order to

prevent the transient stresses from exceeding allowable limits. Here it is

assumed that the start-up transients are sufficiently slow so that at the end

of the transients, when the blankets are at a uniform temperature, the

stresses are identically zero. Of primary interest here are the bulk defor-

mations of the blankets at the end of start-up transients during hot standby,

which are shown in Figure 7.6.2-3. The inboard and outboard blankets grow

radially by 10 and 20 mm respectively. The height of the torus increases by

20 mm, and the radial thickness of each blanket increases by 2 mm. Note that,

if instead of being toroidally continuous, the blankets were segmented and

supported rigidly at node 26, then the inboard blanket, instead of growing

radially away from the center of the torus, would grow radially towards the

center of the torus by 8 mm. In such a case, sufficient gaps must be left

between adjacent segments in order to accomodate the toroidal growth of each

segment.
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Figure 7.6.2-3 Deformed and urtdeformed shapes of TPSS blankets due to a
uniform temperature rise from 20cC to 300°C.
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7.6.2.2 Initial Thermal Stresses and Deformations

For the purpose of the present report, the inlet (bottom) and outlet

(top) coolant temperatures are assumed to be 300°C and 550°C, respectively

during steady state plasma burn. The temperature drop through the first wall

is taken as 150°C at all poloidal locations of the inboard and the outboard

blankets. Figure 7.6.2-4 shows the deformed shape of the blanket at time t=0

when the two blankets are integrally connected at the bottom. A maximum

stress of 300 MPa (compressive) occurs at the first wall of the outboard

blanket, and it is in the hoop (toriodal) direction. The maximum stress in

the inboard blanket is meridional (poloidal) and occurs at element 4 with a

magnitude of 279 MPa (compressive). Both these stresses are within the

allowable secondary stress limit for V-15Cr-5Ti. At the junction with the

inboard blanket at the top, the outboard blanket displaces radially outwards

by about 13 mm and vertically upwards by also about 13 mm. At the same loca-

tion, the inboard blanket displaces radially outwards by 14 mm and vertically

upwards by 12 mm with a relative rotation of about 0.4° with the outboard

blanket. Note that if the blankets are to fit snugly with the shield during

this phase of the operation, then initially a non-uniform clearance between

the blankets and the shield should be provided, with a minimum clearance at

the bottom and a maximum clearance at the top.

The analysis was repeated for the case where the two blankets are struc-

turally unconnected. The maximum stresses and the displacements are found to

be the same as in the preceeding case, although the local stresses at the

bottom of the blankets are reduced slightly. It thus appears that as long as

the blankets are structurally unconnected at the coolant outlet ends, the

maximum stresses and displacements in the blankets are not very sensitive to

whether the blankets are structurally connected or not at the inlet end.

7.6.2.3 Effects of Irradiation-Induced Creep and Swelling

An irradiation-induced creep and swelling analysis was carried out for

the blankets incrementally up to a fluence of 10 dpa. The creep and swelling

properties of V-15Cr-5Ti were obtained from the BCSS Final Report (Vol. 2).

Figures 7.6.2-5 - 7.6.2-8 show the decrease in both the meridional and hoop

thermal stresses in elements 21 (outboard blanket) and 4 (inboard blanket)

with fluence. By about 5 dpa, the maximum stresses are reduced significantly.
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DEFORMED

Figure 7.6.2-4 Deformed and undeformed shapes of TPSS blankets due to a
temperature rise from a uniform 300°C to steady state
temperature distribution during plasma burn.
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In the absence of swelling, they would have decayed to zero with increasing

fluence. However, because of the presence of swelling strain, they approach a

steady-state stress distribution whose magnitude is relatively small. The

discontinuities in the stresses at the last step of these figures represent

the changes in stresses caused by turning the plasma off after accumulating a

fluence of 10 dpa at the first wall. Note that stresses of equal magnitude

but opposite sign as those of the initial thermal stresses reappear when the

reactor is turned off.

Figure 7.6.2-9 compares the variation in the radial and vertical

displacements with fluence for the two corresponding nodes at the first wall

of the inboard and outboard blankets at the top of the reactor. A similar

variation of the displacements of the corresponding points at the back wall

are shown in Fig. 7.6.2-10. The radial displacements remain relatively

constant, indicating that if the blankets were toroidally segmented rather

than continuous, then additional toroidal growth due to irradiation-induced

creep would be small. In constrast to the radial displacements, the vertical

displacements are reduced significantly with increasing fluence. It is thus

possible that if the blankets were initially snug against the shield with the

plasma on, a clearance might develop with increasing fluence because of relax-

ation of stresses by irradiation-induced creep. However, with increasing

swelling strain, this situation might again reverse forcing the blankets to

contact the shield again. Solutions have to be carried out to higher fluence

levels in order to explore all the possibilities. Note that although

irradiation-induced creep and swelling strains are negligibly small at the

back wall, the displacements vary with fluence because of interactions with

the first wall.

The deformed shapes of the blankets after a fluence of 10 dpa with the

plasma on and off are shown in Fig. 7.6.2-11. Because of the change in the

sign of the stresses after the plasma is turned off, the deformations also

change sign as is evident in the figure. The residual displacements of the

inboard blanket at the top junction is less than 0.5 mm in the radial

direction and about 2 mm vertically downwards. The corresponding displace-

ments for the outboard blanket are 0.5 mm radially inwards and 4 mm vertically

downwards. The residual relative rotations between the two blankets before

and after the plasma is turned off are about 0.38° and -0.05°. Thus, the
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maximum relative rotation (0.40°) between the blankets at the top junction

occurs at time t=0. With increasing fluence, the relative rotation decreases

at an initial rate of about 0.004°/dpa. However, at any stage when the plasma

is turned off, the full relative rotation (0.40°) due to the thermal stresses,

but in the opposite sense, is reimposed on the blankets.

7.6.2.4 Conclusions

TPSS inboard and outboard blankets have been analyzed for stress and

deformation due to cold startup, steady state thermal loading, and

irradiation-induced creep and swelling. The maximum displacement of the

outboard blanket during cold start-up is of the order of 28 mm. The maxintm

initial thermal stress occurs at the coolant outlet end of the outboard

blanket irrespective of whether the two blankets are or are not connected

structurally at the inlet end. The thermal stresses are well within the

stress allowable for V-15Cr-5Ti. The maximum displacement associated with the

thermal stresses is of the order of 10-15 mm. However, because of bending

effects, the two blankets undergo a relative rotation of about 0.4°. The

thermal stresses are relaxed to small values by irradiation-induced creep by

about 5 dpa. Irradiation-induced creep also tends to reduce the initial

relative rotation between the two blankets. If the blankets are initially

snug against the shield, a clearance might develop with increasing fluence

because of relaxation of stresses by irradiation-induced creep. However, the

clearance may again close up with accumulating swelling strain. Because of

the low swelling strain rate of V-15Cr-5Ti, stresses due to constrained

swelling are small. When the plasma is turned off, both the thermal stresses

and the relative rotation between the two blankets are reimposed on the

blankets with reversed sign. Since both the blankets show a common manifold

at the coolant outlet, additional stresses will be developed because of the

mismatch in deformation between the blankets at the coolant outlet.
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7.7 Reactor Tritium Systems Design

The Major units in the design of the reactor tritium systems are: 1) the

plasma processing system; 2) the breeder tritium recovery system; 3) the

atmospheric tritium recovery system; and 4) the secondary.support systems.

In the TFSS reactor, the use of a self-pumped liniter has two major

effects on the design of the reactor tritium systems. First, because there is

no plasma exhaust, the plasma processing system is eliminated; any cleanup

required is supplied by the cleanup systems associated with blanket pro-

cessing. Second, the lithium breeder/coolant tritium recovery system is sized

to handle not only the tritium bred but also any tritium or deuterium

implanted in the vanadium first wall and/or limiter since both hydrogen

species will diffuse into the lithium breeder/coolant. The amounts which

diffuse each day are <0.1 kilograms of tritium and < 0.07 kilograms of

deuterium; this compares with 0.27 kilogram of tritium bred each day for a

1950 MW fusion reactor. The lithium breeder/coolant tritium recovery system

is the primary tritium recovery system for the TPSS reactor.

Two systems were considered as breeder tritium recovery systems. The

first, the reference, is the molten salt extraction system. See Section 7.7.1

for details on the basic extractor unit. The second is a system based on

tritium permeation approaches. See Section 7.7.2 for details of this concept.

For the reference molten salt extraction system, the component units are

the centrifugal contactors, the electrolysis units, the fuel cleanup unit, an

isotope separation unit, and a gas fueler. Since in the electrolysis unit a

carrier gas is needed to sparge the hydrogen species from the molten salt, the

main function of the fuel cleanup unit is to separate the hydrogen species

from the sparge gas, e.g., argon or helium. The isotope separation unit

removes protium from the hydrogen stream. The gas fueler is used to supply

fuel each day to the plasma chamber. See Fig. 7.7-1 for a diagram of these

units.

The reference TPSS reactor building is significantly smaller than the

buildings for previous reactor studies. Therefore, the processing capacity of

the atmospheric tritium recovery system can be significantly reduced. Four

units, each delivering 142 m /min, are needed for the four tritium containing

areas: the reactor cavity, the upper level of the reactor building, the hot
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cell and the steam generator, and breeder tritium recovery area. These atmos-

pheric tritium recovery units provide a cleanup rate of 0.2 vol%/min for each

area; this corresponds to cleanup in 5-10 d. It is expected that not all four

of the areas would require cleanup simultaneously; therefore, one of the

units is always a backup unit. If necessary, several of the units could be

dedicated to one area if rapid cleanup was required. Because only four units

are needed, a minimal volume is occupied by these units; this further reduces

the volume of the buildings.

The components which are included under secondary support systems are:

the tritium storage beds, the tritium monitors, the secondary containment

units, and the waste treatment units. Needed controls for each tritium

subsystem are incorporated in the individual subsystems. ...

The tritium inventory at the TPSS reactor site consists of 100 g in the

isotope separation unit, 10 g in the fuel cleanup unit, 100 g in the lithium

coolant, 10 g in the molten salt, 10 g in lines, 20 g in the vanadium-alloy

structures, and 1000 g in the storage beds. The latter is the reserve stor-

age, which corresponds to approximately three days of tritium burn. The total

tritium inventory is 1250 g. No allowance was made for tritium in the fueler.

7.7.1 Tritium Recovery from Lithium

The solubility of tritium in lithium is relatively high with a Sievert's

constant given by:

Ks - — - 3.71 exp (5085/T)

where

C is concentration in wppm,

P is pressure in Pa, and

K is Sievert's constant in wppm//Pa.

Based on consideration of mass transport/processing rates and blanket

tritium inventories, previous evaluations have suggested that a tritium con-

centration of ~ 1 wpptn in lithium be maintained. The reference TPSS blanket

contains ~ 80 m^ (35 Mg) of lithium. At 1 wppm tritium, this corresponds to ~
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35 g of tritium in the blanket. The total primary heat transport system con-

tains 2-3 times the blanket volume or 70-100 g of tritium in the lithium. At

this concentration at 500°C, the equilibrium tritium partial pressure over

lithium is 1.2 x 10 Pa. Most problems associated with tritium recovery from

lithium are caused by this very low pressure. Since the pressure is so low,

tritium containment is usually not a serious problem.

Three tritium recovery methods have been experimentally stvMed. These

are molten salt extraction, ̂ ' a permeation window,^-' and gettering.'••*•'

Although all three concepts appear feasible, the molten salt extraction

concept is carried as the TPSS reference. The molten salt extraction system

has been demonstrated to be capable of recovering tritium from lithium to

concentrations below a part per million. Scale up of the molten salt extrac-

tion system to reactor size must be demonstrated. The stability of the molten

salt dissolved in lithium and the effects of salt components on the corrosion

of the structural material by lithium require further study. This concept

also appears useful for purification of some elements, e.g., nitrogen, from

lithium. However, this concept is generally regarded to be considerably more

complex than the other concepts.

The key problem associated with the tritium recovery process by both the

gettering technique and the permeation window technique is caused by the low

tritium partial pressure over lithium. Gettering is currently used for hydro-

gen control in small lithium test loops. Gettering with yttrium must be at

200-250°C and regeneration at ~ 800°C to maintain the flow rate to a reason-

able value (~ 10 liter/sec). For such a system, the gettering area may also

act as a cold trap. Therefore, any effects of corrosion product deposition on

the getters must be considered.

For the permeation window process, the downstream pressure must be equal

to or less than the upstream pressure (i.e., 1.2 x 10 Pa). To reduce the

problem, it is suggested that a palladium layer be used to cover the down-

stream side of the permeation window. The palladium will act as a catalyst to

oxidize the tritium so that the downstream tritium will be in the form of T2O

instead of T2. Since the partial pressure of T2O can be much higher than the

upstream partial pressure of Tj, recovery at low T2 pressures appears

feasible. The T2O/T2 pressure must be maintained at sufficiently low levels

that oxidation of palladium does not occur. This would have a detrimental
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effect on the permeation rate. The potential problems associated with the

gettering and permeation window processes have to be assessed further.

Molten Salt Recovery Process

The molten salt extraction process has shown considerable promise for

removing hydrogen isotopes down to the ppm level for liquid lithium. ̂ *•' In

this method, liquid lithium and a molten salt are in contact, and LiH is

preferentially distributed to the salt phase. The salt is then etectrolyzed

to yield H£ at an emf of ~0.9 volts, a voltage which is significantly below

that of the decomposition potential of the salt (>2 volts). The hydrogen is

recovered from the salt melt by sweeping the porous stainless steel hydrogen

electrode with a circulating stream of inert gas with subsequent recovery of

the tritium from the inert gas with a getter.

The LiH is preferentially dissolved in the salt. The volumetric

distribution coefficient,

(wppm T in salt) x (density of salt)
v (wppm T in Li) x (density of Li)

has been found to be 3.1 for protium and 3.9 for deuterium in liquid lithium.

This favorable distribution coefficient is a key reason that molten salt

recovery is effective for tritium recovery from lithium.

The fraction of the total blanket lithium inventory processed per unit

time, X, is given by

Tfa c Dvn + 1
X =. (-_ . _ ) M L i

in which

V

Tjj * tritium breeding rate, g/d,

e * efficiency of tritium recovery from the salt,

n » efficiency factor which accounts for nonequilibrium tritium

distribution during contacting

I s s • steady-state tritium inventory, g, and

M ^ » lithium inventory, g.
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It has generally been assumed that n is equal to unity, yielding Dvn = 4.

An important trade-off'-^ "exists between the contacting step and the salt

processing step. The trade-off occurs between the recovery efficiency, which

determines the number of contacting units, and the average current density,

which dictates the volume of the electrolysis tank. With all other parameters

fixed, the efficiency of the salt processing, e, determines the number of

contacting units required to maintain a given tritium steady-state inventory.

On the other hand, the average current density decreases as the recovery

efficiency increases, since the average current density is proportional to the

tritium concentration. Therefore, the total electrode area and the size of

the electrolysis tank must be large to extract the tritium at the lower

current density and still recover tritium at a rate equal to the breeding

rate. The salt processing step can be operated at high recovery efficiency

and low current density or the recovery efficiency can be reduced to increase

the average current density. It is believed that maximizing the recovery

efficiency will be the preferred mode of operation, since the contacting units

will be more complex devices than the salt processing tanks and the contacting

operation will require substantially more electrical power."

As can be seen in Table 7.7.1-1, the processing requirements are quite

small at 5 to 1 wppra of tritium in lithium. They increase linearly as the

tritium concentration decreases so that the processing requirements at 0.1

wppm are a factor of 10 higher than those given in Table 7.7.1-1 for 1 wppra.

Furthermore, the molten-salt extraction process lends itself to a modular

design in which relatively small units are connected in parallel to the

liquid-lithium blanket. This design allows additional flexibility for accom-

modating changes in the allowable tritium inventory of the blanket. If future

safety regulations, economic constraints, or design difficulties require a.

reduction in the tritium inventory, additional processing units could be

easily attached to meet the new requirements.

7.7.2 Palladium Catalyzed Oxidative Diffusion

Oxidative diffusion through metal membranes is a very attractive option

for tritium extraction from metallic breeder-blankets. There is considerable

laboratory-scale experience with this extraction technique, and it is probably

the most thoroughly costed of all extraction designs.^ For fusion
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Table 7.7.1-1
Analysis of Molten-Salt Extraction Sen

for a Liquid-Lithium Blanket System

Breeding rate - 300 g/d

Lithium exit temperature « 550°C

Extraction system temperature * 550°C

Estimated blanket inventories

Lithium - lxlO8 g

Tritium * 100 g (1 wppm)

» 500 g (5 wppm)

Tritium recovery efficiency (e) = 90%

Capacity per extractor unit • 23 ttr/hr

Electrical power per unit * 3.7 kw

Tritium
Concentration

Effective Distribution
Coefficient

(Dvn)

Reference case.

Lithium Processed
Per Hour
(kg/hr)

Number
of Units

Required
Electrical Power

(kw)

1 wppm

5 wppm

4
1

4
1

12600
50400

2520
10080

4
16

1
4

15
60*

4
15



application with a liquid lithium blanket, the equipment would resemble a

zirconium shell and tube heat exchanger whose tubes have been coated, on their

outer surface, with palladium.

A slip stream of tritiated liquid lithium flows through the tubes, and an

oxidizing atmosphere (a low-pressure mixture of oxygen and argon) enters the

shell. The palladium protects the zirconium surface from significant oxida-

tion, and the zirconium provides structural strength, and protects the palla-

dium from dissolution by the lithium. The tritium diffuses out of the

lithium, and through the zirconium and palladium; it is then oxidized to .001

atm T20 on the palladium surface, and is collected with a roughing pump. A

small electrolysis cell follows to recover tritium from the T2O.

Palladium is chosen because of its catalytic properties and high hydrogen

permeability. Oxidative extraction works because the oxidation reaction

retains the very low hydrogen pressure difference that drives the diffusion.

Oxidative permeation membranes have been used successfully to remove tritium

from liquid sodium,"' to remove hydrogen from zirconium, ^ and for hydrogen

pumping at high vacuum.^ ' They can be thought of as one-way windows for

hydrogen permeation.

Advantages of oxidative diffusion include low lithium contamination and

simple, continuous operation. Further, while early calculations suggested

that impurity deposition on the window would necessitate frequent window
( 2)

regeneration, this now appears avoidable through proper start-up to purify

the lithium.(10)

The main costs associated with the tritium extraction window are palla-

dium, tritium holdup, and the construction of the large zirconium "heat

exchanger". As seen from the predictive/experimental data in Table 7.7.2-1,

the palladium thickness, and hence the palladium cost, are strong functions of

operating temperature. We have chosen a palladium thickness of 5.6 ji (which

limits the operating life to 30 years at 500°C) as an approximate economic

optimum for tritium extraction at 1 wppra; this temperature is 50°C higher than

in previous designs. After 30 years operation at 500°C, there should remain

1.3 jjm of virtually pure palladium above a 13 pi layer of Z^Pd. Experimental

evidence^ ^ suggests that relatively thick layers of Zr«Pd have no appreciable

effect on hydrogen permeability.
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Metal

TABLE 7.7.2-1
Interaetallic Diffusivities and Projected Interaetallic Thickness for

Zr-Pd, Mb-Pd, V-Pd, and SS-Pd for 30 Years Operation

D, m2/s
Thickness, m

400°C 450°C 500°C 550°C 600°C

Zr-Pd 7.2xlO"4exp(-551OO/RT)*

Nb-Pd 1.2xl0"3exp(-67380/RT)

V-Pd 7.2xl0"4exp(-63094/RT)

Ni-Pd 6.2xl0"5exp(-59757/RT)

SS-Pd 7.2xl0"4exp(-59327/RT)

1.5xlO~7 5.6xlO~6 1.3xl0~5 4.9xlO~5 1.2xl0~4

2.2xl0~8 1.3xlO"7 5.7xl0"7 2.0xl0~6 7.0xl0"6

7.8xlO"8 4.0xl0"7 1.6xlO~6 5.7xl0~6 1.7xlO~6

8.5xl0~8 4.0xl0~7 1.5xlO~6 5.0xl0~6 1.4xlO~5

9.2xl0~7 4.3xlO"6 1.6xlO"5 5.3xl0~5 1.5xl0"4

*Where R equals 1.987 cal/g-atom °K.



The costs of the window and its tritium holdup are now calculated from

the thermodynamic and diffusion characteristics of the materials involved.

These calculations are readily performed and modified because, as Hsu and

Buxbaum^"^ show, all of the tritium fluxes are proportional to differences in

the square-root tritium pressure. Thus, these calculations resemble those for

resistors in series, with the square root tritium pressure replacing the

voltage.

The Sieverts1 constant for tritium in liquid lithium is:

Kc = 3.71 exp(l0104/RT) wppm/Pa1/2 (1)

where R is the gas constant, 1.987 cal/g-atom, °K; and T is the temperature,

°K. Thus, for 1 wppm tritium at 500°C, the square root tritium pressure is

3.75 x 10"4 Pa 1 / 2.

A Nusselt number correlation' ' is used to estimate the tritium transport

resistance in the liquid metal, R. [m .s.Pa ' /g-atom]. For example, if the

channel diameter d = 0.0254 m, and velocity = 3 m/s; then R, equals 14
2 1/2

m .s.Pa /g-atom approximately independent of temperature.

It is similarly shown^ ^ that the transport resistance in the membrane,

R^, equals the membrane thickness divided by its permeability. Using the

experimental data in Table 7.7.2-2, the resistances in Table 7.7.2-3 are found

for 1.5 mm thick membranes; 1.5 mm is twice the ASTM standard thickness for

zirconium tubes in low pressure applications.

Similarly, the mass transport resistance associated with reaction on

the palladium surface, R3, equals 6.76 x 10 exp(-2947/RT) from oxygen satura-

ted surfaces, about 992 m2.s.Pa1/2/ g-atom at 500°C. The tritium fluxes are

now determined as

J = (3.75 x 10"4 Pa1/2)/(R1 + R2 + R 3 ) . (2)

These values are listed in Table 7.7.2-4. Clearly the reaction resistance is

the largest single effect where zirconiuim-palladium membranes are concerned.

The window surface area (assuming a 3000 MWt fusion reactor) is calculated as:

(150 g atom/day)

(86400 s/day) (j, g atoms/m2 s)
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TABLE 7.7.2-2
Diffusion Coefficients and Solubilities of Tritiua in Metals

Metal D,m2/s S, g-atoms/m3, Pa1/2 References

Zr 2.7 x lO"8exp(-594O/RT)* 2.8 x 102exp(7135/RT) [8,9]

Nb 2.9 x 10"8exp(-2444/RT) 1.3 x 10~1exp(11028/RT) [10]

V 1.7 x 10~8exp(-994/RT) 1.4 x KT^exp^SS/RT) [101

Ni DS - 1.5 x 10"7exp(-12916/RT) [10]

SS DS - 1.4 x 10~7exp(-15760/RT) [10]

*Where R equals 1.987 cal/g-atora °K.



TABLE 7.7.2-3
The Resistance of Tritiua Separation froa Lithiua at

500'C and 0.0015 a Thick Meabrane

Resistance, m2.s.Pa1/2/*-atom Zr
Materialvof SS

I
R^ (lithium)

R2 (membrane)

R3 (reaction)

14

91

992

14

1490

992

14

1.3xlO4

992

14

4.5xl07

992

14

3.1xlO8

992



TABLE 7.7.2-4
Flux, Window Size, Heliua Content, and Cost

for Tritiuai Separation from Lithium at 1 vppa, 500*C

7-14

Material

Zr-Pd

Nb-Pd

V-Pd

Ni-Pd

SS-Pd

Flux
g-atoms/m .s

3.4xlO~7

1.5xiO"7

2.6xlO"8

8.3xlO"12

1.2xl(T12

Area
m2

5.2xlO3

1.2xlO4

6.7xlO4

2.1xlO8

1.4xlO9

He 1 ium
Content
appm

260

1.3

0.07

2xlO~5

10-5

Material
& Labor

M$

5.5

57.5

77.2

1.7xlO5

9.0xl05

Tritium
Holdup
M$

1.9

0.01

0.01

0.1

0.7

Overall
Cost*
M$

7.4

57.5

77.2

1.7xlO5

9.0xl05

Excluding backup and auxiliary systems.



Since the permeation window resembles a shell and tube heat exchanger,

the materials and labor costs are estimated using the charts and tables in

"Plant Design and Economics for Chemical Engineers" by Peters and

Timmerhaus.* ' A factor of 1.5 is added to correct these data for inflation

since 1979. For example, the shell and tubes for a zirconium-palladium window

designed for 1 wppm tritium in lithium costs 3.4 M$. To the above must be

added the pfce of plated palladium, assumed to be 1.5 times the current

(August 1986) cost of palladium: 2.1 M$. Similar estimations can be made for

Nb-Pd, V-Pd, Ni-Pd, and SS-Pd windows and the results are listed in Table

7.7.2-4.

Tritium holdup at 1.0 $/curie (0.03 M$/g-atom tritium) can also contri-

bute a major portion of the overall window cost. The tritium holdup costs are

calculated as follows:

G. - B V C (3)
$ m Tm.ave

P 1 / 2 + P
,~ + C T A~ T,,up T,,dnup Tmdn 2* 2jr _ Tm,up Tm.dn 2

CTm,ave 2 S 2

where G« is the tritium holdup cost, M$; B is the tritium price, 0.03 M$/g-

atom; Vm is volume of the membrane, in ; and C^, a v e is the average tritium

concentration in the membrane, g-atoms/m . These costs are listed in Table

7.7.2-4.

Table 7.7.2-4 also lists the helium content of the various membranes,

calculated from the tritium holdup and the tritium decay constant. The helium

content appears to be acceptable even after 30 years of operation assuming

zirconium behaves like niobium (i.e., helium strengthening occurs at contents

as high as 1675 appro).^ 6^ Other minor costs include tritium holdup as T2O

(0.21 M$), a tritium-safe electrolysis cell (0.04 M$), auxiliary pumping (0.03

M$), and a feedback controlled oxygen feed (0.03 M$). Secondary support

equipment is not costed, i.e., gloveboxes, monitors, cleanup systems on the

oxygen waste, etc.

Backup for window failure is provided as follows: the windows are

constructed as 10 separate bypassable subassemblies, and an additional 3 sub-
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assemblies are placed on line for backup. Since the backup units do not

(generally) contain holdup tritium, their cost is 30% of the material and

labor cost. From Table 7.7.2-4, Zr-Pd is the cheapest window for tritium

recovery from liquid lithium. An overall cost analysis shows that an

additional 2M$ could be saved by operating the blanket at 2 wppm tritium

instead of 1 wppm; however, 1 wppm is chosen for improved safety. Thus, the

cost for the primary units for tritium extraction with backup is 9.2 M$. The

cost of the molten salt extraction system of the BCSS reference design,^

which included the cost of isotope separation of deuterium and tritium and all

secondary equipment, was ~ 30 M$. When all costs are considered, the two

systems are approximately the same cost.

Palladium is applied to the zirconium using a newly described' ''

electroless plating technique.
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7.8 Safety Analysis

7.8.1 Safety Design Goal

During the past few years discussions of fusion safety have covered the

area of incentives for inherent safety, definition of inherent safety,
(3)and design considerations to improve inherent safety. The reasons for

improving the safety aspects of fusion reactors is to improve public accep-

tance of fusion and to improve the economic attractiveness of fusion. The

economic attractiveness of fusion can be improved through safety features by

reducing the duration of construction and possibly by reducing the unit cost

of the reactor systems by not requiring nuclear grade construction. For these

reasons, both Mini-MARS^ and TPSS have incorporated inherent safety of the

reactor as a design goal.

The definition of inherent safety has been proposed'*' as

Inherent safety means a facility designed with passive safety

features such that the public is protected from any acute fatalities

under all credible accidental circumstances.

The same reference defined four levels of safety assurance, as can be seen in

Table 7.8-1. Fusion should be aimed at level 2, with a goal of approaching

level 1 as a possibility.

Safety is required not only to protect the public, but also for invest-

ment protection. Therefore, it is important to design the facility such that

the normal maintenance scheme can still be used after a severe accident.

Table 7.8-2 shows the levels of consequence of an accident for both investment

protection and environment protection. It is suggested that level C on this

chart be a design goal.

Total consideration of the safety issue is beyond the scope of TPSS.

There are many sources for accidents such as blanket afterheat, plasma energy,

magnet energy, chemical energy, radioactivity (including tritium), etc. For

each energy source, there are different ways and rates that the energy can be

released. The time constant can vary from fractions of a second to 10 - 10

seconds. The work reported here only intends to discuss the design approach

used in the TPSS and its possible effect on reactor safety.



TABLE 7.8-1

General Levels of Safety Assurance

Level 1
Total protection

Assurance is based only on the level of toxins and energy sources available
for accidents. Assurance does not depend on the way that the facility
responds to transient conditions or the specifics of geometry and design. Mo
acute fatalities are possible under credible or incredible events. This is
true inherent safety.

Level 2

Large-scale passive protection

Assurance depends on the way that the facility passively responds to tran-
sients. Passive features succeed even if the reactor geometry was not main-
tained. However, assurance may depend on some large-scale configuration
aspects, e.g., large steel-reinforced concrete vessels. Assurance does not
depend on small-scale parts of the facility surviving transients, e.g.,
natural circulation coolant tubes surviving seismic events.

Level 3

Small-scale passive protection

Assurance depends on the way that the facility passively responds to tran-
sients. Passive features succeed only if the reactor geometry is maintained,
i.e., avoiding both large- and small-scale design perturbations, e.g.,
disruption of natural circulation flow paths. Assurance does not depend on
active engineered safety systems.

Level 4

Active protection

Assurance is dependent on active engineered safety features, does not meet
even minimal requirements for inherent safety.
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TABLE 7.8-2
Level of Consequence of Accidents

Investment Protection Environment Protection

Level

Level

Level

Level

Level

A

B

C

D

E

No

No

No

No

No

damage

component

structure

melting

breach of

change

change

confinei

No radiation leakage

No evacuation for on-site
personnel

No acute fatality

No public evacuation

7.8.2 Special Safety Issues for the Lithium/Vanadium Blanket

The lithium/vanadium blanket concept possesses several inherent charac-

teristics that influence the safety and environmental attractiveness of fusion

energy. The vanadium alloys generally exhibit good high temperature strength

and thermal stability, which are beneficial for maintaining the mechanical

integrity of the first wall/blanket in the event of a thermal transient. The

alloys of primary interest also exhibit low-long term activation. Lithium

combines tritium breeding and coolant functions and, therefore, eliminates any

safety issues associated with breeder/coolant interactions. Lithium also

exhibits a relatively high tritium solubility which is beneficial for tritium

containment, and a high heat capacity/thermal conductivity, which enhances

energy distribution in the blanket in case of a LOFA. Lithium does not acti-

vate, except for tritium which is recovered, and relatively low coolant

pressures are attainable. Predicted radioactive mass transfer rates in the

V/Li system are very low.

On the other hand, both lithium and vanadium are chemically reactive with

air (oxygen), and lithium is highly reactive with water. Lithium will also

react with concrete. The single most important issue regarding the use of

liquid lithium blankets relates to the chemical reactivity of lithium with air

and water. Fortunately, it appears that design solutions exist to adequately

resolve these problems.
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7.8.2.1 Lithium Reactivity with Ambient Environment

Proposed design solutions for resolving the problems associated with the

chemical reactivity of lithium with the ambient environment include the

following:

• Use of a nitrogen cover gas in the reactor room.

• Provide a steel liner for exposed concrete.

• Eliminate water from the reactor room.

A nitrogen cover gas in the reactor room is feasible, and it provides several

advantages. The two most recent large reactor studies, vis., STARFIRE and

MARS, both utilized a special reactor room environment. Nitrogen is readily

available, and activation of nitrogen outside the reactor was not considered a

problem in the BCSS. Reaction temperatures of lithium with nitrogen in Che

event of a lithium leak are predicted to be low (<400°C). A steel liner over

concrete, which may also be required for tritium control, appears to be a

satisfactory solution for this problem. Although further detailed studies are

required to fully address the issue of water in the reactor building, this

does not appear to be a serious problem.

7.8.2.2 Hon-Water-Cooled Reactor Components

The question of alternate coolants (to water) has been addressed for the

other two major in reactor components, viz., the impurity control system and

the shield. A lithium-cooled limiter is proposed for the impurity control

system, which effectively eliminates any chemical reactivity problem with the

lithium-cooled blanket. The helium-cooled shield provides a solution for this

issue with a very modest penalty in terms of cost*.

7.8.2.3 Chemical Reactivity of Vanadium with Air/Oxygen

Although vanadium alloys are thermally stable at high temperatures

(<1600°C), they will oxidize readily if exposed to air/oxygen at elevated

temperatures (>500°C). One of the oxides (V^O^) melts at a relatively low

temperature (943 K). On a comparative basis, predicted release of radioactiv-

ity by vaporization is much less for the vanadium-base alloys than for either

austenitic or ferritic steels. However, enhanced vaporization of the vanadium
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oxides may occur at temperatures in the range of 900-1300 K. Since nitrogen

is proposed as the reactor room cover gas, oxidation of vanadium is avoided in

the event of a vacuum vessel failure. Even with air entering the plasma cham-

ber, serious effects are not predicted since the surface temperature of the

vanadium wall will rapidly (within seconds) cool to < 550°C.

7.8.2.4 Radioactive Mass Transfer of Vanadium

Predicted corrosion rates for vanadium in high purity lithium are much

lower than values considered acceptable for hands-on maintenance of exreactor

heat transport system components (IHX or steam generator). Therefore, release

of activation products in the event of a coolant system leak does not appear

serious. Special shielding is not required for hands-on maintenance. In the

reference design an IHX and a secondary coolant system is proposed. This

restricts the volume and distribution of both tritium and radioactive corro-

sion products. Further benefits are provided in the design by placing the

manifolds within the torus. The IHX will restrict tritium leakage through the

steam generator to insignificant amounts.

7.8.3 Thermal Transient Calculations

Thermal transient calculations for simplified geometries are rather

straightforward. The difficult part is defining the boundary condition, the

credible accident conditions (the initial condition for the problem), and the

detailed three-dimensional aspects of the problem. In general, the support

structure of the blanket and shield provide useful passages for heat conduc-

tion. Only simplified calculations have been carried out in estimating the

magnitude of the problem. Design variations can be used to calculate the

relative severity of the problem caused by design changes.

Two key problems affecting inherent safety for most blankets relate to

the use of high wall loadings and effective energy multiplication to enhance

the system economics. Most effective energy multipliers, e.g., Fe-1422, also

significantly increase the afterheat, which exacerbates the afterheat removal

for the worst case accidents. In the reference TPSS design, tungsten and CaO

are used to provide high energy multiplication without incurring excessive

penalties caused by afterheat. Figure 7.8-1 shows the maximum calculated

blanket and shield temperature as a function of the neutron wall loading for
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very simplified and conservative assumptions. Even for these assumptions, a

neutron wall loading of 6-8 MW/m is considered acceptable for a vanadium

alloy structure. For the more realistic case where complete loss of coolant

does not occur, where benefits of the dual coolant loops are considred, and

when actual conduction paths are accounted for, the V/Li concept will provide

a high degree of inherent safety. More detailed calculations will be needed

to study the dimensional effect and the possibility of local hot spots.
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8.0 FACULTY AND KEACTOR HAIHTEMANCE COHSIDERATHMS

8.1 Introduction

The introduction of three concepts - a high beta value, a self-pumped

limiter for impurity control, and a self-cooled liquid lithium/vanadium

blanket - into the TPSS fusion reactor concept produced a design in which

buildings are significantly smaller than in previous designs(1,2), capital

costs are reduced (see Chapter 9.0), and maintenance is made simpler.

A high beta value for the plasma results in a reduction in physical

requirements in several areas - a lower magnetic field, smaller dianeter

magnets, and no center post. The reactor is significantly reduced in size and

mass as a result.

Due to the nature of the self-pumped limiter, its use results in a major

reduction in the number of vacuum pumps and vacuum ducts, a reduction in the

mass of reactor components, a reduction in needed plasma processing capacity,

an improvement in shield effectiveness due to reduced penetrations, and a

reduction in needed cryogenic capacity.

The use of a self-cooled liquid lithium/vanadium blanket with heat-

exchange produced at a 550 C coolant outlet temperature results in a higher

net efficiency for the plant. The large temperature differential (270 °C)

permits the use of smaller pumps and steam generators on the liquid metal

side. The use of high pressure steam (540 C) in the secondary heat transport

system permits the use of a smaller turbine and attendant piping. Only the

first wall and inner portion (30 cm) of the blanket are routinely (6 years)

replaced. The outer portion of the blanket and shield are lifetime

components.

The intermediate heat exchanger between the reactor and the steam

generators is an isolation barrier for gamma emitting activation products and

tritium. This makes maintenance of the steam generators simpler since no

activation products are present. Tritium control is simplified since the

tritium containing lithium is isolated from the environment. The presence of

the intermediate heat exchanger also protects the reactor from pressure

transients in the steam cycle. All of these benefits result in simpler

maintenance.
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Because the TPSS did not reach a detailed level of preconceptual design,

the benefits gained by incorporating the above design concepts could only be

partially quantified. To provide an overview of the impact of these

innovations, a configuration of the reactor and a balance-of-plant site plan

were generated. A comprehensive design would be needed to ensure complete

consistency between the configurational aspects presented here and the

analyses found in other sections of this report. The capital costs generated

in Chapter 9.0 are based on the configurations reported here.

Section 8.2 describes the reference reactor. In Section 8.3, the

reference reactor building configuration and an alternate building

configuration are described. For the reference reactor building

configuration, vertical access to reactor components is assumed. For the

alternate configuration, horizontal access to reactor components is assumed.

Section 8.4 describes the plant configuration. The maintenance scenario for

replacement of reactor components is described in Section 8.5.

8.2 Reference Reactor

The reactor configuration proposed is one in which, sixteen toroidal field

(TF) coils encircle the first wall-blanket-shield which in turn houses the

plasma chamber. The equilibrium field coils (EF) are external to the TF

coils. The cooling manifolds pass down the center line of the reactor, giving

easy access to the outboard side. The four radio-frequency ducts extend below

the reactor after exiting the outboard side of the reactor. The two vacuum

pumps connected to the slot limiter at the base of the plasma chamber are

located below the reactor. A schematic of the cross-section of the reactor is

shown in Fig. 8.2-1. A schematic of the top view of the reactor is shown in

Fig. 8.2-2.

The TPSS reference reactor is composed of eight modular units, each

weighing 520 Mg. There are two similar types of modules, identical except

that one contains a radio-frequency duct and the other does not. The

dimensions of each module are approximately 7 m x 7 m x 7 m . Each modular

sector consists of two toroidal field coils encircling two first wall-blanket-

shield assemblies.

The blanket of the TPSS reactor is composed of sixteen segments on the

inboard side and sixteen segments on the outboard side of the reactor. The
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blanket assemblies are so constructed that they slide into a shield

envelope. The shield envelope is composed of sixteen segments on the inboard

side and forty-eight segments on the outboard side. The vacuum boundary is at

the back of the shield. A slot limiter, located at the bottom of the plasma

chamber, is integrated into bottom of each blanket assembly. The limiter is

removed from the blanket only after the outer shield is removed and the inner

and outer blanket segments are separated.

There are two parallel coolant flow pathways in the first-wall-blanket

assembly, one for the inboard section and one for the outboard section. The

two inlets are at the base of a sector and the two exits are at the top of a

sector. The coolant pathway for the slot limiter is separate from these. The

manifolding for the limiter coolant consists of a pair of nested pipes at the

base of the limiter with the inlet flow in the center pipe of the reentrant

supply/discharge system. The inlet and outlet manifolds for each blanket

assembly are 0.25 m in diameter. The manifold for a sector is 0.38 m in

diameter. The major manifold and piping to the intermediate heat exchanger is

0.8 m in diameter. There are three liquid metal pumps in the system; one

functions as a stand-by unit. There are two intermediate heat exchangers

(lithium to sodium) arranged in a parallel flow configuration.

The reference reactor design incorporates the results from several trade

studies done to determine the optimal reactor configuration. The areas

assessed were : 1) the relative advantages of a separate slot-limiter versus

those of a combined limiter-first wall; 2) the location of a slot-limiter, at

the outboard midpiane versus at the base of the reactor; 3) the location of

the blanket coolant manifolding, at the outboard side of the reactor versus in

the central core; 4) the relative advantages in using four first wall-blanket

assemblies versus one large assembly; and 5) the relative advantages of

retaining and reusing the shield on the reactor assembly.

The separate slot-limiter (see Fig. 8.2-3) was judged advantageous

because it: 1) required fewer coolant lines; 2) eliminated hot/cold junctions

with the blanket; 3) eliminated multiple heat regimes in the blanket. The sum

of these effects led to a less costly approach to maintenance.

Location of the slot-limiter at the base of the reactor was considered

advantageous since it allowed the outboard side of the reactor to remain clear

of obstructions (coolant manifolds). The horizontal dimension of the reactor
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hall could then be reduced. This was also the major reason for deciding to

locate the blanket coolant manifolding in the central core of the reactor.

The basis for choosing a 32 unit first wall-blanket-shield configuration

rather than fewer larger units was: 1) The required tolerance level for one

unit with a 2 m long curved surface was more difficult to achieve, especially

after sustaining radiation damage. Quality control requirements were thus

lower with four assemblies. 2) The integrity of the four assemblies during

construction was judged to be superior. 3) The thermal expansion changes

expected from four assemblies was preferable to that expected from one large

unit. The positive effects expected from the use of four smaller assemblies,

composed of 32 pieces each, overwhelmingly offset the added construction

cost.

The choice between retaining the shield segment of the first wall-

blanket-shield assembly during maintenance of the assembly or removing it was

not a clear-cut decision. Reuse of the shield was expected to result in

reduced radioactive waste; however, retaining the shield could increase the

maintenance time especially if removal of the first wall-blanket segment was

done in the reactor building. The reference maintenance scenario was,

therefore, to replace the entire first wall-blanket-shield assembly during the

reactor shutdown interval. Later, in the work cells in the hot cell building,

blanket segments could be removed from the assembly and processed as waste.

New blanket segments could be placed inside the reused shield segments.

8.3 The Reference Reactor Building and An Alternate Reactor Building

Reference Reactor Building - The major guidelines followed in designing

the reactor building were 1) to incorporate items which would make maintenance

of the reactor simpler and quicker and 2) to reduce the capital cost of the

reactor building. Two maintenance access philosophies (direct vertical and

horizontal) were explored under these guidelines. The reference design which

is described below is based on a vertical maintenance approach. A schematic

of the side view of the reference reactor building is shown in Fig. 8.3-1. A

schematic of the top view of the reference reactor is shown in Fig. 8.3-2.

The reference reactor building contains a subfloor reactor cavity with

two levels. The walls and floor of the upper level of the cavity are

constructed of thick (>1.5 m) concrete, lined with steel. It is within this
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area that the tokamak reactor is located. The concrete provides radiation

shielding from neutrons during reactor operation and from gamma activity

during downtime. The steel vessel isolates the concrete from contact with

lithium. The ceiling of the central cavity, at the floor level of the reactor

building, is a large, one-piece removeable cover made of thick concrete, lined

with steel on the side facing the reactor. An air-tight seal around the edges

of the cover is the final barrier between the reactor cavity and the upper

level of the reactor building. This sealed vessel provides secondary reactor

containment, atmosphere control and tritium purge control for the reactor

cavity. The upper EF coils are attached to this removeable cover and are

removed with the cover when access for replacement of reactor assemblies is

required.

A floor provided below the reactor cavity contains the support pedestal

and inner bucking cylinder for the reactor. The volume at this lowest level

is separated into separate compartments each dedicated to a special use, i.e.,

radio-frequency equipment, vacuum pumps, lithium dump tanks, atmospheric

control units.

The lithium pumps and the intermediate heat exchangers for the blanket

coolant and the limiter coolant are located adjacent to the reactor cavity in

concrete, steel-lined compartments. These compartments are the height of the

two-level reactor cavity. They are shown in Fig. 8.3-3. A separate

compartment is available for each pump/intermediate heat exchanger

combination. Additional compartments are available for storage of replaced

pumps or heat exchangers. Disposal of these units is via a dock located at

the lowest level of the reactor building.

The floor level of the reactor building is above the reactor cavity. The

concrete walls at this level are thick enough to provide biological shielding

from gamma radiation while reactor maintenance operations are in progress. A

side building with a low roof is the area where the removeable ceiling cover

of the reactor cavity is stored during maintenance operations. A dedicated

transport unit which also lifts the cover is stored here when the reactor is

operational. Within the tall section of the upper level of the reactor

building is a short span cantilever gantry crane. This unit provides polar

coverage in the reactor building. It is used both for maintenance on the

reactor and on the intermediate heat exchangers and lithium pumps. Floor
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Cracks below the crane are used to transport removed reactor components to the

hot cell building. In Fig. 8.3-2, the reach of the gantry crane is

demonstrated.

An Alternate Reactor Building - To achieve horizontal access to the

reactor assemblies, an alternate reactor building design was needed. This

alternate building also has three levels, two below ground level. The reactor

is located in a cavity similar to that described for the reference reactor

building; however, the volume of the alternate cavity had to be appreciably

increased to provide horizontal access. Fig. 8.3-4A is a side view of this

alternate reactor cavity with the reference reactor positioned within it. In

Fig. 8.3-4B, a top view of the alternate reactor building is presented. Since

the cavity in the alternate building was appreciably larger than the one in

the reference building, it was infeasible to make the ceiling cover in one

piece. Instead, a central concrete post was put in the tokamak core. Several

large steel-lined concrete segments with seals on the edges are positioned so

as to seal the reactor cavity from the upper level of the building. Daring

maintenance only those segments are removed which provide access to the

component being replaced. The EF coils are attached to the lower side of the

cover segments. During maintenance, the EF coils are cranked to the level of

the reactor cavity' lid to provide access to the first wall-blanket-shield

assemblies.
v

Since the central level, where the reactor is located, was enlarged, the

levels above and; below it were also increased in volume to ensure access to

the reactor and the intermediate heat exchangers. On the upper level, « polar

gantry crane is no longer efficient. Instead two standard building cranes,

one for reactor components and one for coolant components are used. A

comparison between the two reactor buildings, scaled to contain identical

reactors, is made in Fig. 8.3-5. The significantly larger size of the

alternate building is apparent.

8.4 Plant Configuration

A site plan was prepared and is shown in Fig. 8.4-1. The site plan

contains the major buildings at the TPSS site. Conventional buildings needed

at a power plant site, i.e., cooling towers, etc., are not shown. The volumes

of the buildings are listed in Table 9.3-2.
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Figure 8.3-4b Alternate TPSS reactor building with hot cell-top view.
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The main criteria followed in developing the plant configuration were

to: 1) provide easy access to all areas; 2) place related equipment in the

same area; 3) make distances between related areas as short as possible; and

4) separate different functions so as to simplify maintenance operations.

A detailed arrangement of the reference reactor building and the hot cell

building (buildings 4 and 3 in Fig. 8.4-1) is shown in Fig. 8.3-2. In the hot

cell building, the areas labeled 1 and 4 in Fig. 8.3-2 are storage areas for

new or salvaged blanket assemblies. Directly below each of these areas are

storage areas for used blanket assemblies, both for those to be reworked and

for those awaiting waste disposal. The area labeled 3 in Fig. 8.3-2 contains

two levels of work cells, one at ground level and the other below ground

level. An atmospheric tritium recovery unit would also be located in the

lower level of the hot cell building.

The steam generators are located in a separate cell in the building

labeled 5 in Fig. 8.4-1. This cell is adjacent to the intermediate heat

exchangers in the reactor building. Because there is an intermediate heat

exchanger between the reactor and the steam generators, it is anticipated that

no radiation will be present in the steam generator area. Therefore,

maintenance operations are simplified. The turbines are located in the

turbine building, building 6 in Fig. 8.4-1, immediately adjacent to the steam

generator building.

The building in which the steam generators are located (Bldg. 5 in Fig.

8.4-1) also contains the tritium processing systems for the fusion plant.

Steel-lined compartments are provided for the centrifugal contactor equipment

needed for tritium recovery from the lithium coolant. Tritium storage

facilities are located here as are most of the atmospheric tritium recovery

systems for the reactor building and the steam generator building.

Building 1 (Fig. 8.4-1), which is to the upper left of the reactor

building, contains the rf power equipment for the reactor and the cryogenic

equipment. Building 2, which is located to the upper right of the reactor

building, contains the administration area and all instrumentation/control

equipment.

0-17



8.5 Maintenance for the Reference Reactor and for the Alternate Reactor

Reference Reactor Maintenance - For the TPSS reactor, the lifetime

limiting components are the limiter and the first wall blanket assembly. The

lifetime is estimated at six years at 75 - 80Z reactor availability. The

maintenance scenario is replacement of two of the first wall-blanket-shield

assemblies every two years. The expected downtime is 3 to 4 weeks; this time

interval for maintenance can coincide with that needed for turbine

maintenance. Other maintenance operations are considered routine operations

which would not impact the overall availability of the reactor.

A remote maintenance scenario is assumed for replacement of the blanket

assemblies. Special adapters/tools and built-in equipment, such as

positioning jacks, would be available to make all necessary disconnections.

Some of the special tools needed would be cutting and welding machines for

disassembly and assembly of the liquid metal coolant piping. Other disconnect

tools needed would be those for electrical connections, liquid helium and

liquid nitrogen connections, and rf and vacuum duct connections.

A typical sequence during replacement of a blanket assembly is as

follows. First, several operations are performed within the reactor cavity:

1) The blanket is drained of lithium. 2) The connections to the TF and EF

coils are remotely disconnected (electrical and cryogenic). 3) All coolant

connections are remotely cut. These include those for the slot-limiter, the

blanket assembly, and the shield. 4) The connections to the radio-frequency

ducts and the vacuum ducts are remotely disconnected and all electrical

connections are remotely disconnected. 5) The vacuum seal at the back of the

blanket-shield assembly is cut. 6) The positioning jacks are used to break

the inertia seal between a first wall-blanket-shield assembly and the rest of

the reactor.

At the ground level of the reactor building, other operations are in

progress: 1) A new first wall-blanket-shield assembly is removed from storage

in the hot cell. 2) The assembly is transported via tracks to the reactor

building. 3) The transport/lifting tool remotely positions itself over the

reactor cavity lid. It then removes the lid and attached EF coils. Finally

the transport/lifting tool moves itself and the lid to the storage area in the

reactor building. 4) The blanket-shield assembly moves down one set of tracks

until it is positioned below the reach of the cantilever crane. 5) The crane
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is used to remove the old blanket-shield assembly from the reactor and to

place it on the second set of tracks in the reactor building. See Fig. 8.5-

1. 6) Hie crane then moves the new blanket-shield assembly into place in the

reactor cavity. 7) The old assembly is transported by tracks to the hot

cell. 8) The transport/lifting tool now positions itself over the cavity and

replaces the lid on the reactor.

In the reactor cavity, the sequence of operations followed in

disconnecting the old blanket assembly are now reversed. 1) A welding tool,

located in the reactor area normally, is used to connect the new assembly to

the rest of the reactor. 2) The ducts are reconnected. 3) Other welding

tools are used to reconnect all coolant lines. 4) The connections to the EF

and TF coils are remade. 5) All connections are tested for leak-tightness.

6) The blanket assembly is filled with lithium.

Alternate Maintenance Scenario - The steps which are different in this

scenario from that previously described are the following. 1) The EF coils

have to be cranked close to the ceiling of the reactor cavity to allow access

to the blanket-shield assemblies. 2) The segments which comprise the ceiling

of the reactor cavity have to be removed in sections and the sections stacked.

Since some sections cannot be removed since they support the EF coils, extra

care is required. 3) The blanket assembly has to be rolled horizontally out

of position in the reactor before it is lifted with the standard crane. (See

Fig. 8.5-2). The rf duct either can have two disconnections or one as shown.

The latter choice makes the blanket assembly more awkward in transport. The

former creates another section which must be manipulated and held in place

during reassembly.

No benefits were noted using horizontal access. Therefore, the vertical

access scenario was selected as the reference since it was compatible with a

compact reactor building and a simple maintenance procedure.
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Figure 8.5-1 Vertical lift of reference TPSS reactor assembly.
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Figure 8.5-2 Alternate horizontal displacement of TPSS reactor assembly.
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9.0 ECOHOHICS FOB THE TOKAMAK POWER SYSTEMS STUDY (TPSS)

9.1 Introduction

Several advanced design features have been incorporated in TPSS, for

example, the use of a relatively high plasma beta value and the use of a self-

pumped limiter. The design has also incorporated a high temperature heat

transport cycle, the use of a zoned reactor building, and simple maintenance

scenarios. The purpose of this chapter is to evaluate the economic impact of

these features on the capital and the operating costs for a tokamak-based

commercial fusion power plant.

To provide a comparison of the economic aspects of these design deci-

sions, it was decided to cost the TPSS design and to update the costs of the

STARFIRE design^) to 1986 dollars. The costing philosophy adopted for both

designs is that proposed in a recent Fusion Engineering Design Center (FEDC)

report^', i.e. to put all parts and contingency costs in the indirect cost

category. This decision lowers the direct capital cost not only for the TPSS

design but also for the STARFIRE design. The cost algorithms used for the
f3)

TPSS cost accounts are based on STARFIRE and BCSS costs. These in turn are

estimated from historical costs and the costs of analogous systems. In both

STARFIRE and BCSS, cost reductions arising from the learning curve experience

arising from tenth of a kind construction are assumed. For TPSS, a factor

which accounted for learning curve experience was added to those cost algo-

rithms not derived from BCSS or STARFIRE costs.

A comparison was also made between the direct capital costs calculated

for TPSS using the STARFIRE based algorithms and the direct capital cost for

TPSS using two other sets of cost code algorithms^ ' . In general, the total

capital cost for TPSS is comparable. See Section 9.3.2.7 for details.

The sections in this chapter are: 9.2 - conversion of costs to 1986

basis; 9.3 - direct capital cost for TPSS - 1986 basis; 9.4 - direct capital

cost for STARFIRE - 1986 basis; 9.5 - comparison of TPSS direct capital cost

to the direct capital cost of other reactors; and 9.6 - cost of electricity -

busbar cost.
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9.2 Conversion of Costs to 1986 Basis

The procedure used to convert the cost of a given year to a 1986 cost was

to multiply the given year's cost by the ratio of that given year's cost to

the base year 1986 as determined from the general price index. See Table 9.2-

1. The general price index was used since both labor and equipment costs are

included in previous years' fusion reactor direct cost accounts.

TABLE 9.2-1
General Price Index froa 1978 to 1986(5'

Calendar Year

1978

1979

1980

1981

1982

1983

1984

1985

1986

Ratio with 1982
as 100

72

78

86

94

100

104

108

112

115

Ratio with Oct. 1986
as 1.00

1.60

1.47

1.34

1.22

1.15

1.11

1.06

1.03

1.00

9.3 Cost Estimate for TPSS Reactor Design - 1986 Basis

9.3*1 Summary of the Direct Cost for the TPSS Reactor Design

A summary of the direct capital costs calculated for the TPSS design is

shown in Table 9.3-1. The total is $ 1045 million dollars. This corresponds

to a direct capital unit cost for electricity of $1197 per kilowatt for a net

electrical production of 873 MW.
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TABLE 9.3-1
A Listing of the Direct Cost Associated with the
Individual Cost Accounts for the TPSS Fusion Plant

Cost Account Direct Cost3 ($M) Direct Costb ($M)

(20) Land and Land Rights 2 2

(21) Structures and Site

Facilities 178 206

(22) Reactor Plant Equipment 624 746

(23) Turbine Plant Equipment 147 172

(24) Electrical Plant Equipment 84 93

(25) Miscl. Plant Equipment 10 10

Total Direct Capital Cost 1045 1229

aNo contingency costs and no spare parts costs are included in direct cost.

Both contingency costs and spare parts costs are included in direct cost as

was done in STARFIRE.

To put the TPSS direct capital cost and the capital cost of electricity

in perspective, it can be compared to the current U.S. power plant industry

experience^'. For LWR nuclear power plants which have a net electrical pro-

duction of 1100 MW, the direct capital cost, in 1986 dollars, is $1188 Million

for the best plant. For the best managed coal plant, the direct capital cost

is $905 million.

The direct capital unit cost of electricity for a LWR plant is $1080/kW

and for a coal plant it is $823/kW. This compares with $1197/kW for TPSS.

Since for each of the current U.S. power plants, an appreciable fraction of

the cost of electricity is due to fuel costs, a true comparison between the

overall cost can only be done by evaluating the total bus-bar cost of elec-

tricity for each.

The direct capital unit cost of the TPSS fusion plant is comparable to

the direct capital unit cost of existing power generating plants. The direct

capital unit cost of electricity for the existing power plants is averaged
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over a higher capacity plant than TPSS (1100 MW versus 873 MW); therefore, the

slightly higher direct capital unit cost of electricity is not unexpected.

9.3.2 Individual Direct Cost Accounts

9.3.2.1 Land and Land Rights (Acct. 20)

The reference plant site was assumed to be 1000 acres. The cost associ-

ated with the land and privilege acquisition was estimated at $2000 per acre

reflecting the deescalation in land values during the last few years. The cost

of clearing is estimated at 10% of land cost. The total direct cost is $2

•illion(M).

9.3.2.2 Structures and Site Facility (Acct. 21)

This account covers all direct costs associated with the physical plant

such as buildings for the reactor, the turbine, electrical equipment, and

cooling system, as well as site improvements and facilities, a ventilation

stack and miscellaneous structures. River and highway access was assuaed for

the site. Power, water, sewage, and communication lines were assuned avail-

able. Site improvement needs were assumed to be the same as required in the

STARFIRE^ design. This latter value costed in 1986 dollars is $15 M.

C(TPSS-1986) - 1.34 x C(STARFIRE-1980) * 1.34 x $11.15 M

(2)In keeping with FEDC's recommendations , the parts and contingency

allotments were removed from the direct cost account (21). They are included

in the indirect cost for TPSS.

The cost of the reactor building, the hot cell building and the steam

generator building is a major fraction of the cost for cost account (21).

Therefore, three reactor building designs were examined. The one with the

lowest capital cost, designated the reference in Fig. 9.3-1, is described as

follows.

The reference reactor building, constructed of concrete to provide neu-

tron shielding, has three levels, two below grade. The upper level connects

the two lower levels to the hot cell; a crane and tracks allow for simple and

rapid maintenance. The two lower levels have thick concrete walls. The
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Figure 9.3-1A Side view of reference TPSS reactor building.
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Figure 9.3-1B Side view of alternate TPSS reactor building.
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middle level, in which the reactor is located, is lined with steel and

contains an inert atmosphere. Both the liner and the inert atmosphere are

present to minimize the consequences of lithium losses. The lowest level,

which consists of cells below the reactor, contains the radio frequency equip-

ment, the vacuum equipment, dump tanks, and some tritium equipment.

An alternative reactor building, designated alternate 1, is also shown in

Fig. 9.3-1. The only difference between the reference reactor building and

alternate l's reactor building is that the latter building is larger to allow

horizontal access during maintenance of the reactor assemblies. The hot cell

building and steam generator building are identical.

Two cost algorithms' ' are used for costing the reactor building, hot

cell building, and steam generator building for the reference and alternate 1.

The algorithm for thick wall concrete structures, i.e. the reactor cavity, is

C(TPSS-1986) - 7300 x (Volume-m3)**0.8

The algorithm for thin wall concrete structures, i.e. the top level of the

reactor building, the hot cell building and the steam generator building, is

C(TPSS-1986) - 4000 x (Volume-m3)**0.8

Alternate 2 is a smaller version of the STARFIRE design. In this alter-

native, the steam generator is assumed to be in the reactor building. The

reactor building and the hot cell building are also assumed to have thick

concrete walls. The algorithm for thick wall concrete buildings was used to

calculate the direct capital cost.

The capital cost of all buildings at the reactor site, other than the

reactor building, hot cell building, and steam generator building, was assumed

to be scaleable to the thermal power of a plant. The algorithm used for TPSS

was

C(TPSS-1986) = 1.34 x C(STARFIRE-1980) (Power(TPSS)/Power

(STARFIRE))**0.85
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The turbine building was costed by itself. All other building costs were

grouped together.

The volume and direct capital cost of the buildings for the three differ-

ent alternative designs are listed in Table 9.3-2. The capital cost of all

buildings other than those specifically listed is grouped under the category

"miscellaneous buildings".

The total for cost account (21) is $178 million for the reference reactor

building.

TABLE 9.3-2
Voluae and Direct Capital Cost for All TPSS Buildings
for tbe Reference Case and for Two Alternate Designs

Building

Reactor Bldg.
- Cavity
- Top Level

Hot Cell Building

Re ference3

Volume Cost
(10(4)m3) ($M)

4.1
5.3

5.1

Steam Generator & Tritium
Recovery Building 2.1

Turbine Building

Misc. Buildings

Total Direct Capital

20.0

-

Cost -

36
24

23

11

29

40

163

Alternate 1
Volume Cost
(10(4)n3) ($M)

8.0
11.0

5.1

2.1

20.0

-

-

61
43

23

11

29

40

207

Alternate 2
Voluae Cost
(10(4)m3) ($M)

8.0
11.0

5.1

2.1

20.0

-

-

122

40

21

29

40

252

a (10(4)M3) - (10**4) m3

9.3.2.3 Reactor Systems - Cost Account (22)

The total direct cost of the reactor systems is $624 M which is 59% of
the total reactor plant cost. A summary of the direct cost of each system
required for the TPSS reactor is listed in Table 9.3-3.
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TABLE 9.3-3
Suaaary of the Direct Cost for the Systems in TPSS

Included Under Cost Account - (22)

Reactor System Direct Capital Cost ($M)

First Wall-Blanket-Shield Assembly 86

Magnets 45

Limiter 9

Tritium Handling System 42

RF/Current Drive System 60

Electric Power System 25

Cryogenic System 13

Heat Transport System 246

Instrumentation/Control System 31

Waste Processing System 8

Maintenance Equipment 59

Total Direct Capital Cost 624

The systems in this account include the first wall-blanket-shield

assembly, the magnets, the limiter, the tritium systems, the current drive

system, the electrical power systems, the cryogenic system, the heat transport

system, the instrumentation and control system, the waste processing system

and the reactor maintenance systems. The costing of each of these systems is

shown under the appropriate subsystem heading.

First Wall-Blanket-Shield - The first wall-blanket-shield assembly is

composed of three main parts, the breeder blanket with an integral first wall,

the reflector behind the blanket, and the shield located behind the reflector.

In the reference design, the blanket is replaceable with a six-year life. The

high temperature reflector and low-temperature shield are lifetime components.

The total inboard blanket/reflector/shield is 100 cm thick (35 cm blanket, 30

cm reflector, and 35 cm shield). The outboard blanket/reflector shield is 130

cm thick (20 cm blanket, 65 cm reflector, and 55 cm shield). The blanket unit
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is by volume 7.5% vanadium structure and 92.5% lithium breeder/coolant. The

reflector is by volume 10% vanadium structure, 10% lithium coolant, 80% tung-

sten inboard, and 80% calcium oxide outboard. The shield is by volume'; 80%

iron, 10% helium coolant, 5% tungsten, and 5% boron carbide. The total direct

cost of the reference assembly is $86 M.

The direct capital cost of each of the coolant, breeder, reflector and

shield components of the reference and three alternate first wall-blanket-

shield assemblies is listed in Table 9.3-4. The volume fractions of the coa-

ponent parts of each of the assemblies are listed in Table 9.3-5. Densities

and material fabrication costs are listed in Table 9.3-6. For lithium and the

vanadium-alloy, material fabrication costs in 1986 were assumed to not have

changed since 1 9 8 3 ^ .

TABLE 9.3-4
First Wall-Blanket-Shield Assembly Direct Capital Cost

for the Reference Design and Three Alternates

Component

Coolant (Li)
Breeder
Reflector
Shielde

Total Cost

Referencea

($M)

2
12
37
36

86

Alternate lb

($M)

2
10
30
36

77

Alternate 2 C

($M)

2
12
85
36

134

Alternate 3 d

($M)

2
12
20
36

79

aBlanket 35 cm; Reflector 30 cm; Shield (W and CaO) 70 cm inboard and 146 cm

outboard.

bBlanket 30 cm; Reflector 50 cm; Shield (CaO) 60 cm inboard and 136 cm

outboard.

cBlanket 35 cm; Reflector 30 cm; Shield (W) 70 cm inboard and 146 cm outboard.

dBlanket 35 cm; Reflector 30 cm; Shield (Fe) 70 cm inboard and 146 cm

outboard.

eThe less expensive shield was assumed to be adequate.
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TABLE 9.3-5
Direct Capital Cost of Coaponent Parts of Several

Alternate First Hall-Blanket-Shield Assemblies for TPSS

Component

Breeder Volume (or)

V - 7.5
Li - 92.5
Total Cost ($M)

Reflector Volume (m

V - 10
Li - 10
W - 24/--/80/--
CaO-56/80/--/—
Fe /--/—/80
Total Cost ($M)

Shield Volume (m3)e

Fe -80/60
He -10/10
W - 5/25
B.C-5/5

Total Cost ($M)

Costing
Reference3

($M)

89

10
2
12

3) 110

16
0.2
20
0.2

37

296

23/17
- / -
11/57
2/2

36/77

Alternate lb

($M)

74

8
1
10

194

29
0.4

0.5

30

298

23/17
- / -
12/58
2/2

36/77

Alternate 2C

($H)

89

10
2
12

110

16
0.2
68

85

296

23/17
- / -
11/57
2/2

36/77

Alternate 3d

($M)

89

10
2
12

110

16
0.2

20

296

23/17
- / -
11/57
2/2

36/77

"Blanket 35 cm; Reflector 30 cm; Shield (W and CaO) 70 cm inboard and 146 cm
outboard. Note the actual reference design (Chapter 7) calls for ~ 38 cm
inboard shield constructed with TiH.

Blanket 30 cm; Reflector 50 cm; Shield (CaO) 60 cm inboard and 136 cm
outboard.

cBlanket 35 cm; Reflector 30 cm; Shield (W) 70 cm inboard and 146 cm outboard.

^Blanket 35 cm; Reflector 30 cm; Shield (Fe) 70 cm inboard and 146 cm
outboard.

eTwo alternate shields are listed. The total volume is assumed to be the same
but the material fraction is varied, specifically to add additional tungsten.
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TABLE 9.3-6
Density and Cost of Fabricated Materials Used in TPSS

Material

V-15Cr-5Ti
Vanadium Alloy

Lithium (Li)

Tungsten (W)
- powder
- metal

Calcium Oxide
(CaO)

Iron (Fe)
- powder
- plate
- 1422

Boron Carbide
(B4C)

Copper (Cu)

Niobium-Titanium
(NbTi)

Density
(kg/m3)

5960

530

19300

3346

8020

2540

8920

6525

Cost
($/kg)

250

40
40

40
50

1

5
12
16.7

43
43

34.4

118

Reference

BCSS^3*

BCSS(3)

TPSS(a)

TPSS(a)
STARFIRElU

TPSS(a)

TPSS(a)
BCSSJ"
Ehst(7)

BCSS(3)

TPSS(a)

Ehst<7>

Ehst<7>

Base Year

1983

1983
1986

1986
1980

1986

1986
1983
1983

1983
1986

1983

1983

aUpdated cost assessment for this study.

The first wall-blanket-shield assemblies were costed before final neu-

tronic designs were completed; therefore, the capital costs of the assemblies

are approximate. These relative costs can demonstrate the effectiveness of

replacing one material with another with similar neutronic properties but a

different cost. For example, the reflector in alternate 1 has twice the

volume as the other assemblies. However, it is mainly (80%) composed of

calcium oxide CaO, which has a fabrication cost of a dollar a kilogram, so the

total cost of the reflector is $30 million versus $37 million for the thinner

reference reflector made of tungsten (24%) and calcium oxide (56Z). When only

tungsten is used in the reflector, alternate 2, the volume is the same as the

9-11



reference's but the capital cost more than doubles to $85 million. The re-

flector in alternate 3, made of iron (80%), has a volume equal to the refer-

ence's but the capital cost is about half - $20 million. Extra shielding (the

alternate shield costed) may be needed if the reflector in alternate 3 is

used.

We also note that since these cost analyses were performed a decision was

made to use a thinner inboard shield, featuring TiH structure and He coolant.

This reference design solution has not been costed, but it should not be more

expensive than the seventy centimeter iron shield.

Magnets - The algorithm used to cost the toroidal field (TF) coils is

on the cost of fabricating the component mater

The fabrication costs have been updated to 1986 costs.

based on the cost of fabricating the component materials in the magnets.

n
C(TPSS-1986) * 1.11 x £ (mass)- x (material fabrication cost - 1983).;

i=l

The total mass of the TF magnets is 1.4 x 106 kg. The magnets are by weight

70% iron, 22% copper, and 8% niobium-titanium. The total direct cost is $44M.

The direct cost of the equilibrium field (EF) coils is directly propor-

tional to the magnet energy. Using the following algorithm, the direct

capital cost for the EF coils is $1 M. The total direct capital cost for all

magnets is $45 M.

C(TPSS-1986) - 1.34 x C(STARFIRE-1980) x (GJ(TPSS)/GJ(STARFIRE))

Limiter - The limiter is composed of 50% by volume vanadium-alloy struc-

ture and 50% by volume lithium coolant. The capital cost of the limiter is

the sum of the fabrication costs of these two components. Using the fabri-

cation costs listed in Table 9.3-6 and the total volume of the limiter, 12.4

m3, the total direct cost is $9.3 M of which $9.2 M is the cost of the alloy.

Tritium Handling System - The subsystems costed are the atmospheric tri-

tium recovery (ATR) units, the blanket tritium recovery (BTR) units, and the

support tritium (ST) systems (tritium storage, instrumentation, monitors,

secondary cleanup units, vacuum pumps). The cost of one ATR with an output of

142 nr/min is $5 M. Four are needed to provide a 0.2 vol%/min cleanup rate to

the building areas which contain tritium. The reference case for the BTR are
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four contactor units and four electrolysis units at a cost of $5 M for each

pair. The estimated cost of the ST systems is $10 M. If two pellet fuelers

are needed, the estimated additional cost is $5M.

The total direct cost for the tritium handling systems is the sum of the

direct costs for the individual units, scaled to tenth of a kind costs. For

the tritium handling systems, a 95Z learning curve is assumed for tenth of a

kind costs. The cost savings factor is

Factor - 10(ln 0.95/ln 2) + ll(ln 0.95/ln 2) /2 - 0.841

Using the following algorithm, the total direct cost was $42 M.

C(TPSS-1986) - 0.841 x C(ATR) + C(BTR) + C(ST)

RF/Current Drive System - Based on studies such as Ref. 9, we are opti-

mistic that ICRF at the level of ~ 100 MW can be supplied for $0.70/W. Of

this, about $0.60/W (or $60 M for our reference design) is for rf hardware,

and the remainder is for electrical power supplies.

Electrical Power - The power needs for the TPSS reactor were assuaed to

be directly scaleable from those of the STARFIRE reactor. The algorithm used

was

C(TPSS-1986) - 1.34 x C(STARFIRE-1980) x

(Power(TPSS)/Power(STARFIRE))** 0.85

The total direct cost was $25 M.

Cryogenic System - The cryogenic system direct capital cost was calcu-

lated using the algorithm

C(TPSS-1986) - 1.34 x C(STARFIRE-1980) x

(Power(TPSS)/Power(STARFIRE))** 0.85

The total direct cost was $13 M.
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Heat Transport System - The direct capital cost for each subsystem in the

heat transport system is found in the BCSS report. Using these costs and the

following algorithm, the direct capital cost for the TPSS heat transport

system was calculated

C(TPSS-1986) = 1.11 x C(BCSS-1983) x (Power(TPSS)/Power(BCSS))**0.85

The direct capital cost for each subsystem for TPSS and for BCSS are listed in

Table 9.3-7 as is the total direct capital cost.

TABLE 9.3-7
Direct Capital Cost of the Components in the Heat

Transport of BCSS and of TPSS

Component

Piping

Pumps

Dump Tanks

Coolant Cleanup

IHX/SG

Intermediate Loop

Limiter Coolant

Direct Cost (BCSS)

($M - 1983)

59

26

2

42

78

162

19

Direct cost

($M - 1983)a

35

16

1

25

43

90

11

(TPSS)

($M - 1986)b

39

18

1

29

48

100

12

Total Direct Cost 388 221 246

aC(TPSS-1983)

bC(TPSS-1986)

C(BCSS-1983) x Power(TPSS)/Power(BCSS) **0.85

1.11 x C(TPSS-1983)

An alternative considered in designing TPSS was to replace the inter-

mediate heat exchanger with a double-walled heat exchanger. The direct

capital costs for these two options are $71 M for the double-walled heat

exchanger and $133 M for the intermediate heat exchanger and secondary loop.
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The $62 M cost penalty was accepted in the TPSS design since an intermediate

heat exchanger provides the design with several inherent safety benefits: 1)

the removal of the effects of pressure transients between the steam generator

and the reactor; 2) the ability to do hands-on maintenance on the steam gener-

ators since they are not contaminated with gamma emitting material; and 3) the

presence of a tritium barrier between the reactor and the steam generator.

Instrumentation/Control System - The algorithm used to calculate the

direct capital cost of the instrumentation and control system was

C(TPSS-1986) - 1.34 x C(STARFIRE-1980)

The direct capital cost was $31 M.

Waste Processing System - The direct capital cost of the waste processing

system was $8 N. It was calculated using the algorithm

C(TPSS-1986) - 1.34 x C(STARFIRE-1980).

Maintenance Equipment - The direct capital cost of the maintenance equip-

ment was $59 M. The capital cost was calculated in two ways. First the

algorithm,

C(TPSS-1986) - 1.34 x C(STARFIRE-1980)

was used. Second, pieces of maintenance equipment needed were priced from the

items listed in STARFIRE. The two capital costs were equivalent.

9.3.2.4 Turbine Plant Equipment - Cost Account: (23)

The cost algorithm^2' used to calculate the cost of the turbine system

for the TPSS high temperature heat-transport system was one derived for a

super heat turbine system. In units of millions of dollars, the algorithm for

the turbine is

Ct(FEDC-1985) - 70 x (Gross Electric Power in watts)**0.7
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This algorithm does not include the direct capital cost of the heat rejection

system. The algorithm' ' for this subsystem is, in units of nil lions of

dollars,

Ch(FEDC-1985) - 1.35 x (Gross Thermal Power in watts}**0.8

The algorithm used for the TPSS direct capital cost for the turbine power

plant is the sum of the two algorithms.

C(TPSS-1986) - 1.03 x 0.841 x Ct(FEDC-1985) + Ch(FEDC-1985)

The factor 1.03 converts all costs to 1986 dollars. The factor 0.841 takes

into account the effects on cost due a tenth of a kind turbine assuming a 95X

learning curve. The direct cost calculated for TPSS is $147 H.

9.3.2.5 Electric Plant Equipment - Cost Account (24)

The algorithm used to calculate the direct capital cost for the electric

plant equipment was

C(TPSS-1986) - 1.11 x C(BCSS-1983) x (Power(TPSS)/Power(BCSS) **0.85

The direct capital cost was $84 M.

9.3.2.6 Miscellaneous Plant Equipment - Cost Account (25)

The direct capital cost for the miscellaneous plant equipment was calcu-

lated from the algorithm

C(TPSS-1986) - 1.34 x C(STARFIRE-1980) x (Power(TPSS)/

(Power(STARFIRE) **0.85

The direct capital cost was $10 M.

9.3.2.7 TPSS Direct Capital Cost Evaluated Using Different Cost Codes

To determine if the cost algorithms used for the reference TPSS reactor

design were appropriate, a comparison was made between the direct costs
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calculated for the major coat accounts in Sections 9.3.1 to 9.3.2.6 and the

direct costs calculated from two different cost codes.^'^' All parts costs

and contingency costs were removed from the direct cost accounts. A summary

of the direct capital costs from all three codes is listed in Table 9.3-8. The

cost algorithms used for TPSS and described in the previous subsections yield

costs comparable to those derived using the other two cost codes.

TABLE 9.3-8
Comparison of Direct Capital Cost for TPSS in 1986 Dollars

Using Three Different Cost Codes;
No Parts Costs and lto Contingency Costs Are Included

Cost Account

(20) Land and Land Rights
(21) Structures and

Site Facilities
(22) Reactor Plant

Equipment
(23) Turbine Plant

Equipment
(24) Electric Plant

Equipment
(25) Miscellaneous Plant

Equipment

Total Direct Capital Cost

Reference ($M)

2

178

624

147

84

10

1045

Cost Code Used

FEDC ($M)2

5

134(a)

692(c)

172

94

40

1137

LANL ($M)4

3

32Kb)

464(d)

216

114

47

1165

aNo allotment is made for the category - miscellaneous buildings. For the
reference TPSS, the direct cost for miscellaneous buildings was $40 H.

"The cost for miscellaneous buildings is $103 M. The reactor building and hot
cell building cost is $133 M.

cThe magnet cost is twice that for the reference; the limiter cost is 10 times
the reference.

This code has no allowance for rf power and has a low cost heat transport
system ($115 M).
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9.4 Direct Capital Cost for STARFIRE Reactor Design - 1986 Basis

To obtain a direct comparison between the direct capital cost for the

TPSS fusion plant and the STARFIRE plant, it was necessary to ensure that both

were costed on the same basis. Therefore, it was necessary to recost the

STARFIRE fusion plant design using the same groundrules as were used for TPSS.

The first step was to change all STARFIRE costs to 1986 dollars. Next,

each cost account was assessed in the original report to determine what frac-

tion of the cost had been allocated to parts costs and to contingency costs.

These were then removed from the direct cost. The effect of these two steps

is shown in Table 9.4-1.

TABLE 9.4-1
ry of the Direct Capital Cost for STARFIRE - 1986 Basis

STARFIRE* STARFIREb

Cost Account ($M) ($M)

(20) Land and Land Rights 3 3
(21) Structures and

Site Facilities 411 475
(22) Reactor Plant

Equipment 1075 1328
(23) Turbine Plant

Equipment 294 343
(24) Electric Plant

Equipment 138 160
(25) Miscellaneous Plant

Equipment 56 56

Total Direct Capital Cost 1977 2365

aNo parts costs, no contingency costs and in 1986 dollars.

Equivalent to the original STARFIRE estimate but in 1986 dollars.

9.5 Comparison of TPSS Capital Costs Versus Those for Other Reactor Designs

The direct capital cost, the indirect capital cost and the total capital

cost for TPSS, for a generic liquid metal BCSS reactor, and for STARFIRE
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are listed in Table 9.5-1 in 1986 dollars. The TPSS reactor has the lowest

direct capital cost and the lowest total capital cost. The capital cost of

electricity is essentially the same for the two liquid metal reactors -

$450/kWe (or about 27%) lower than that for STARFIRE. If a reactor with a

higher power rating than TPSS were designed, its unit capital cost should be

still lower.

TABLE 9.5-1
Sunary of the Direct Capital Cost for TPSS, BCSS,

and STARFIRE Reactors in 1986 Dollars

• Reactor Design
Cost Account TPSS BCSS (Liq-Met)(a) STARFIRE

($M) ($M) ($M)

(20) Land and Land Rights
(21) Structures and

Site Facilities
(22) Reactor Plant Equipment
(23) Turbine Plant Equipment
(24) Electric Plant Equipment
(25) Miscellaneous Plant

Equipment

Direct Capital Cost

Indirect Capital Cost(b)

Total Capital Cost

MW - fusion
MW - thermal
MM - net electric
$/kW (direct cost)

2

178
624
147
84

10

1045

627

1672

1950
2518
873
1197

5

346
1156
346
139

12

2004

1202

3206

3675
4596
1698
1180

3

411
1075
294
138

56

1977

1186

3163

3510
4000
1200
1648

aThe BCSS "reactor" was not developed from a reactor study. The most reliable
capital costs are those for the reactor systems. The costs for the magnets,
the vacuum system, the tritium system, and the rf system were appreciably more
expensive than in TPSS since the unique design features of TPSS were not
present. The building sizes were assumed to be similar to STARFIRE's. Parts
costs and contingency costs were removed to allow all designs to be evaluated
on the same basis.

It is assumed that the indirect capital cost is 60Z of the direct capital
cost and includes all contingency costs and all parts costs.
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9.6 Cost of Electricity - Busbar Cost

An evaluation was made of the cost of electricity expected from a fusion

reactor similar to the TPSS design. The algorithm used to derive the cost of

electricity is

COE - Cac + (Com + Cscr +Cf)(l+e)p / 8760(Pe)(pf)

where

Cac = FCR x (Total Capital Cost + Interest Cost)
FCR - Fixed Charge Rate during Operation - 8%
Int = Interest during Construction - H Z or .1303 over 6 yr in constant

dollars
Com = Annual Cost of Operations and Maintenance
Cscr =» Annual Cost of Component Replacement
Cf * Annual Cost of Fuel
e = Escalation Rate - 0 if constant dollars
p =• Construction Period - 6 yr
Pe = Net Electrical Power
pf = Plant Availability - 75 Z

The cost of electricity was evaluated for TPSS, for a BCSS liquid-metal

reactor and for STARFIRE. A summary of the individual costs contained

in the cost of electricity is found in Table 9.6-1.

TABLE 9.6-1
The Cost of Electricity for Three Reactor Designs - TPSS,
BCSS Liquid-Metal, and STARFIRE in Constant 1986 Dollars

Account

Net Power -
Total Cost -
Interest -
Cac
Com(a) -
Cscr
Cf
COE-mill/kWh

MWe
$M
$M
$M
$M
$M
$M

TPSS

873
1672
215
149
26
10

0.3
32

Reactor Design
BCSS-Liq. Met.

1698
3206
418
290
26
40.5
0.4
31

STARFIRE

1200
3163
412
286
26
23.3

0.4
43

aThe cost in STARFIRE was converted to 1986 dollars.
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The cost of electricity for any of the fusion plants is below the cost

the current busbar cost of electricity in Illinois, a state with a high cost

of electricity. The 1985 rate in Illinois was 51.9 mill/kWh if calculated

from actual duty factors or 60.6 mill/kWh if calculated assuming equal duty

factors (60%) for both nuclear and coal plants.^°'
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