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CHAPTER 1 

EXECUTIVE SUMMARY 

Nasr M. Ghoniem, Marc A. Firestone and 
Robert W. Conn 



ABSTRACT 

Reactor system operation and procedures have a profound Impact on the 
conception and design of power plants. These Issues are studied here using a 
model tokamak system employing a solid-breeder blanket. The model blanket Is 
one which has evolved from the STARFIRE and BCSS studies. The reactor param
eters are similar to those characterizing near-term fusion engineering reac
tors such as INTOR or NET (Next European Tdkamak). Plasma startup, burn anal
ysis, and methods for operation at various levels of output power are studied. 
A critical, and complicating, element is found to be the self-consistent elec
tromagnetic response of the system, including the presence of the blanket and 
the resulting forces and loadings. Fractional power operation, and the strat
egy for burn concrol, is found to vary depending on the scaling lavr for energy 
confinement, and an extensive study is reported. Full-power reactor operation 
is at a neutron wall leading of 5 HW/a and a surface heat flux of 1 MW/m . 
The blanket is a pressurized steel module with bare beryllium rods and low-
activation HT-9-(9-C-)clad LiAlOj rods. The helium coolant pressure is 5 MPa, 
entering the module at 297"C and exiting at 550°C. The system power output is 
rated at 1000 Mtf(e). In this report, we present our findings on various 
operational scenarios and their impact on system design. We first start with 
the salient aspects of operational physics. Time-dependent analyses of the 
blanket and balance of plant are then presented. 

1.1. INTRODUCTION AND BACKGROUND 

A fusion power station will be a complex machine made up of numerous 
subsystems and components. The physics and engineering aspects of these 
subsystems, together with their dynamic interaction, will pose various con
straints on the transient operation of the power plant. Startup procedures, 
constrained in this fashion, should be devised such Chat transient operation 
does not result in any major degradation of the overall economics. This 
argument underlies the basic Interaction of startup procedures and base-line 
design. Startup requirements should therefore be incorporated in the base
line design. 
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Startup constraints can be divided Into three general categories. The 
first are those which are due to the design of plant components. These sub
systems are generally constructed to operate most efficiently At full power. 
As such, the plant may encounter severe difficulties operating steadily at 
fractional power. For example, the turbines may not be operational below 20% 
of their rated design parameters. Careful base-line design of components 
reduces the scope of these constraints. 

A second set of constraints arises due to the dynamic interaction of the 
plant's subsystems. Each system has its own response time and these times can 
vary greatly. Usually, the dynamic behavior of the reactor Is dictated by the 
subsystem with the slowest response time. The fusion plasma has a relatively 
fast response time which is basically determined by the energy transport time 
and the rate of slowing down of a-particles In the system. Typical plasma 
response times are in the range of 0.5 to 3 sec. The engineering components 
such as blanket and thermal conversion systems have relatively long response 
times (minutes to hours or days). The rate of change in power is then dicta
ted by the response time of these components. The fusion core should be pro
gramed to follow this time path. Moreover, the time the reactor spends In 
each phase of the startup procedure is generally determined by the response 
time of the subsystems involved in that phase. 

Finally, there are some systems which are 3olely needed for startup and 
which require special equipment. Clearly, startup procedures should be chosen 
which require a minimum of special equipment. The auxiliary heating systems 
are an example of a system required during startup but perhaps not at full 
power operation. For a tokanak, current drive is desirable at all power 
levels so there Is an economic gain in combining the heating and current drive 
systems. If the startup input power is small enough, It can be tapped 
directly from the electric grid system, eliminating special startup power 
storage and supply systems. The operation of large-scale experimental 
machines and fusion power reactors Is divided into five general phases which 
will be briefly discussed here. (See Kef. [1] for more detailed discussion.) 

1. Phase 0: Initial commissioning. Initial commissioning occurs once 
the construction of the device Is completed and testa of all compo
nents and subsystems are carried out to sake the device ready for 
operation. 
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2. Phase I: Cold or hot shutdown phase. Two distinct shutdown phases 
are possible. Phase IA (cold shutdown) is expected to occur infre
quently and would require that the blanket and other power related 
components be completely shut down. Phase IB (hot shutdown) is where 
the power conversion components and their coolants are maintained at 
near-ready operation conditions of temperature and pressure but there 
Is no plasma operation. 

3. Phase II; Plasma Initiation and standby power phase. The operation
al specification of all systems, particularly those critical to the 
operation of the plasma, are tested in the absence of plasma in a 
component testing and checkout phase. During the first startup, 
plasma technology systems are tested simultaneously with plasma 
Initiation and operation. Plasma auxiliary heating systems are used 
to achieve plasma parameters approaching those of full power opera
tion, albeit without the use of deuterium-tritium (D-T) fuel. In 
this case, hydrogen may be preferred as the primary working gas to 
preclude neutron production and induced radioactivity. 

Upon completion of component testing, the fusion core is deemed 
operational. K plasma using deuterium or deuterium and tritium can 
now be initiated and heated to fusion temperature, bringing the 
reactor to a standby condition. In the standby condition, the plasma 
produces thermal and fusion power between IX and 20% of the rated 
power. In a reactor, the thermal power conversion system is unlikely 
to be operational during this phase so that no electricity can be 
produced by the thermal cycle. 

4. Phase III: Stages or fractional power operation. The fusion system 
operates at fractions of full power while system tests are performed 
and licensing requirements are fulfilled. 

5. Phase IV; Rated power operation. The fusion system power is 
produced continuously at its rated and licensed power level. 
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General constraints can be applied to the various startup phases. In 
order to minimize the startup equipment and input power, the plasma Initiation 
phase should be implemented rapidly so the plasma can also be heated by 
fusion-born a-parcicles. On the other hand, the staged power Increase phase to 
full power should be implemented slowly. This is because of the slow response 
tine of the engineering subsystems. 

The standby phase Is especially Important. The plasma is producing 17. to 
20Z of full power but the thermal conversion systems are not yet operational. 
Input power is needed to maintain the plasma In this phase. The plasma 
parameters In the standby phase should be carefully chosen to minimize this 
Input power. 

In the next section, we describe the main characteristics of a recent 
2—8 

solid-breeder tokamak design by the UCLA group. Then results of plasma-
burn dynamics and time-dependent electromagnetic modeling as it pertains to 
the various startup phases are discussed in Sect. 1.3. Engineering analyses 
of critical subsystem responses and interactions are given in Sect. 1.4 
Finally, conclusions are presented in Sect. 1.5. 

1.2. A REFERENCE SOLID-BREEDER TOKAMAK FUSION SYSTEM 

A reference blanket design for this startup study is a helium-cooled 
solid-breeder concept. The breeder material is lithium aluminate (HAlOj) 
which is in the form of metal-clad rods. The cladding material is 9-C, a low 

Q 
activation ferrltic steel similar to HT-9. A neutron multiplier zone of bare 
beryllium rods is Included to enhance the tritium breeding. The blanket is 
divided toroidally into 24 sectors, each comprising 45 modules. While the 
sector configuration is that of a BCSS design, individual modules have 2—8 recently been designed at UCLA. Figure 1 shows the configuration of a 
single module with neutron multiplier and breeder pins in three separate 
zones• 

The coolant flows through the nodule shell and first wall (FW) and then 
enters the blanket. It then cools the neutron multiplier zone, followed by the 
trlciua breeding zones. (Note Chat tl«e breeding section is divided into two 
zones.) The larger rods, toward the back of the blanket, are sized Co operate 
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-.BERYLLIUM 
LiAlOg BREEDER ZONES ZONE 

50 40 30 20 10 

(cm) 

Fig. 1. Single module configuration for the 
reference solid-breeder blanket. 

at a maximum centerline temperature of HOO'C for the 1.14102 pellets. Selec
tion of pin sizes, geometry, and operating conditions is, .ased on several 
design Iterations involving neutronics, thermal analysis, structural analysis, 
and tritium inventory calculations. Table I summarises the major operating 
parameters of the blanket design. White a more detailed description of this 
design can by found in Refs. [2-8J, a list of its salient features follow.. 

1. A pressurized lobular configuration is u?ed to allow for good use of 
space in tight-fitting locations. 

2. Helium coolant flow is mainly in the radial direction, helping to 
achieve a thermally homogeneous blanket. 

3. Helium cross flow, combined with small pin sizes, results in minimal 
temperature asymmetries around the circumference of individual 
pins. This 13 shown to result in minimal bowing and deflections 
withi.i the blanket.6 
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TABLE I 
MAJOR SYSTEM AND BLANKET PARAMETERS 

Reactor type 

Major radius 
Minor radius 
Elongation 
No. toroidal sectors 
No. blanket modules/sector 
Blanket module type 

Continuous burn D-T tokamak with He-cooled 
aolid LiA102 blanket 

1.56 m 

1.6 
24 
45 (full poloidal coverage) 
He-cooled, pressurized module of 9-C structure 

(low activation martensitic 9teel) 
Module poloidal height 0.28 m 
Module mean toroidal length 1.50 m 
Fusion power 2850 MW 
Thermal power 3463 MW 
FW 14 MeV neutron flux 5 MW/m2 

FW surface heat flux 1 MW/m2 

Coolant pressure 5 MPa 
Coolent inlet temp 250 "C 
Coolent outlet temp 550 °C 
Coolant mass flow rate 2.21 x I03kg/s 
Thermal efficiency, gross 35Z 
Electric output., gross 1034 Mtf 

4. Material allocations within the blanket are based upon neutronic op
timization studies. The final blanket configuration shown in Fig. 1 
is quite email, with total depth of 46.3 cm, including the manifolds 
and FW zones. Since the solid-breeder zone is only 21.8 cm deep, the 
amount of breeder material is small. The final breeding ratio (1-0) 
is calculated as 1.18. 
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1.3. PLASMA STARTUP, BURN ANALYSIS, AND OPERATION 
AT VARIOUS LEVELS OF OUTPUT POWER 

The purpose of this part of the study is to develop the tools necessary 
to examine the transient behavior of tokamak reactors. To evaluate the 
physics performance during operation, the INTOR 1 1 design is chosen to perform 
a time-dependent system study. However, several plasma specifications have 
been altered to be consistent with recent experimental observations. The 
plasma edge safety factor, qj, is 2.1 while the burn average toroidal 0 is 
3.4%, agreeing with the Troyon limit. 1 2 The energy confinement time, assuming 
an L-mode scaling of T E - 0.3 I p(MA)a 2(m), is 2.9 a. The average ion temper
ature remains at 10 keV and ntg becomes 3.66 x 1 0 2 0 s/m3, which means the 
plasma is ignited. Table II indicates the original INTOR parameters along 
with those chosen for this study. 

Since the study of startup and staged power operation is aimed at identi
fying key issues for power reactors, we have altered the discharge scenario to 
allow for lower-hybrid RF current-drive ramp-up and OH current maintenance. 
This "hybrid" mode of plasma current maintenance allows for fractional-power 
and long-pulse OlOOO s) operation. 

TABLE II 
PLASMA PARAMETERS FOR THIS STUDY AND THE ORIGINAL INTOR VALUES 

INTOR UCLA/INTOR 
Plasma major radius, m 5.3 5.3 
Plasma minor radius, m 1.2 1.2 
Plasma elongation 1.6 1.6 
Plasma triangularity 0.2 0.2 
Burn avg beta, % 5.6 3,4 
Poloidal beta 2.6 1.6 
Avg ion temp, keV 10.0 10.0 
Avg ion density, m l.AxlO 2 0 1.28x1 J 2 0 

Energy confinement time, s 1.4 2.9 
Plasma cur»-<»nt, MA 6.4 6.4 
Field on chamber axis, T 5.5 5.5 
Safety factor at edge 2.1 2.1 
Thermonuclear.power, MW t n 620 510 
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1.3.1. MODEL FOR REACTOR ELECTROMAGNETIC RESPONSE 

The plasma's changing electromagnetic environment is a. key to the time-
dependent system behavior affecting plasma equilibrium, stability, and enargy 
confinement time. To this end we have modified a TFTR time-dependent electro-

13 magnetic and power balance code, PCIC, to Incorporate plasma shape, eddy 
current models, cr-particle heating, and lower-hybrid current drive. 

The calculation of gross plasma equilibrium parameters is necessary in a 
dynamic system description in order to determine the effects of changes in the 
electromagnetic environment in the plasma. Normally this is done using a 
free-boundary MHD calculation. We have developed a computationally fast 
method for determining plasma shape parameters from magnetic multipoles of the 
external magentic field produced by the poloidal field coils and eddy cur
rents. These constitute n system of electric circuits which are solved 
together with the plasma and *ts power balance. Figure 2 shows a comparison 
of the free-boundary MHD results together with the plasma shape and position 
generated by the approximate multipole method. The agreement is quite 
satisfactory. 

The plasma radial and vertical motion is determined from force balance, 
ignoring plasma mass. We include the time rate of change of the circuit cur
rents and plasma parameters, In addition to the coupled radial and vertical 
motion. 

We assume the vacuum vessel and blanket/shield are lnflnitesimally thin 
toroidal sheets located at the center of the volume. The actual thickness 
and resistivity is Incorporated into the resistance calculation. In Fig. 3 we 
have used three sheets to simulate the vessel, blanket, and shield. The 
sheets are broken into toroidal strips corresponding to individual eddy cur
rent circuits. The concentric sheet model simulates the poloidal field dif
fusion through _ thick inhomogeneous structure. As an example, the strips are 
toroidally continuous, but resistive breaks could be Incorporated. INTOR 
has both divertor and puap llmiter designs. For our example we have chosen 
the design with the limiter at the bottom. The pump limiters and other exter
nal structures are modeled as conducting strips in the appropriate locations. 
The strips are mutually coupled to each other, the plasma, and the active 
fi*ld colls. These currents contribute to the poloidal field at the plasma 
and hence influence Its equilibrium properties. 
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RADIAL POSITION, R (m) 
Comparison of the multlpole method for gross plasma equilibrium 
and actual free boundary MHC results for a 1.5 elongation and 
0.2 triangularity plasna. This is for the INTOR tokamak. 
{ » exact; - multlpole) 
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SHIELD 

SHEET 
MODELING 
SHIELD 

Fig. 3. Illustration of the "sheet" eddy current model for INTOR. 

To determine the evolution of the RF-driven current profile, a ray-
tracing code 1 8 Is used which essentially follows the wave energy path, absorp
tion, and current generation, given an incident lower-hybrid wave spectrum. 
Tor simplicity, a cold plasma wave description is used, the damping is assumed 
quasi-linear, and the current driven is obtained from the Fisch-Karney formu
la for the normalized efficiency J/P. The resultant "stea../-state" current 
profile can then be treated as a distributed current source over the entire 
plasma circuit. It should be pointed out that in this treatment, the effect 
of runaway electrons is neglected. 

In^a separate current ramp-up study, the ray-tracing code la coupled to 
WHIST, a time-dependent, 1-1/2-D transport/equilibrium code developed at Oak 
Ridge. The current rrofile evolution is governed by a poloidal field diffus
ion equation, with the ateady-state RF current profile acting as sources In 
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18 each flux tube. Simple current ramp-up scenarios for INTOR at low densities 
were examined, with tearing mode instabilities invoked to model effectively 
Inward current diffusion. A constant RF pulse of 10 MW was applied at a 

12 —3 
plasma density of <n> • 5x10 cm and temperature <T> • 1.5 keV, assuming a 
pre-formed current of 0.5 MA. For a plasma pulse of 300 s, the current rose 
to 4.4 HA, with an average L/R time of 60 s, and the ramp-up efficiency 
LI(dI/dT)/P - starting at 52 and dropping to 3£ towards the end of the pulse. 
A scenario involving current overdrive to shorten the ramp-up time and mini
mize energy input was also studied. 

1.3.2. TOKAMAK PLASMA OPERATION AT FRACTIONS OP RATED POWER 

A commercial fusion reactor musr be able to operate at fractions of full 
21 power and to maintain thermal stability. We h/vt used steady-state and 

22 ticre-dependenc 0-D plasma-burn codes and determined that active feedback of 
ion fueling and auxiliary power is required to control power and maintain 
thermal stability. This is true even in the most strongly stable regions, 
i.e., at low plasma density and high plasma temperature, where reactor net 
power output is low. Burn control is found to be easiest if there Is a soft 
S-limit, wherein the transport losses increase without plasma disruptions as 3 

12 approaches the Troyon limit. In this case the ignition region is accessible 
and operation Is stable up to the Murakami density limit. A hard 0-limit 
would require confinement degradation to operate at high output power. 

Fractional power operation can be achieved by varying the ion fuel ratio, 
23 changing the plasma current, or altering confinement from H-mode to L-modo, 

if the reactor has a divertor. The strategies for burn control and fractional 
power operation vary according to the assumed energy confinement scaling. Op
timistic scaling laws with respect to ignition pose the greatest problems for 
burn control because their operating region is well above the ignition curve 
in the thermally unstable region. An example of such a T E scaling law is neo-
Alcator scaling. Additionally we find that neoclassical ion transport leads 
to very optimistic ignition criteria when compared to anomalous ion loss for 
the global transport losses. 

It Is found experimentally that auxiliary heating of tokamak plasmas 
causes a degradation In confinement. This so-called L-node scaling has been 

23 analyzed parametrically by Kaye and Goldston. A major open question is 
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whether alpha heating will also cause confinement degradation. Also, opera
tion with a divertor has led to the so-called H-mode In which the confinement 
tine can be twice the value in the L-mode regime. We have therefore thorough
ly examined whether and how tokamak reactors can be operated, depending on 
scaling lav and physics regime. 

We find thermally stable Ignited tokamak operation for the following 
cases: 

1. When the plasma is marginally Ignited with the ion fuel source and 
auxiliary power synchronised to an active feedback system; 

2. When the plasma has a soft B-limit; 

3. When the scaling law is such that only a small fraction of a-particle 
power degrades confinement (if full degradation occurs, an INTOR-size 
tokamak will not ignite); 

4. When auxiliary power degrades confinement but the region well above 
ignition is accessible and stable with auxiliary power feedback; 

5. When plasma confinement degrades with temperature instead of power; 

6. When plasma confinement shows a saturated power scaling, such as i E -
(a + b/P), rather Chan the Xaye-Goldston scaling, T E ~ P ' 2 . 
Hers, F is the non-ohmic heating power. 

Maintaining thermal equilibrium while varying Che output power requires 
marginally ignited operation attained by moving along the ignition curve in n-
X space. A number of mechanisms are available for changing the ignition 
point, depending upon the assumed energy confinement scaling. Primarily we 
have examined variations of plasma current, density, fuel mixture ratio, 
auxiliary power, and plasma sire and/or shape. 

The connection between the electromagnetics and a burning plasma can best 
be seen from the following three equations for the energy confinement time, 
safety factor, and critical 8-llmit: 
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T E « f(R,a,«)Ip , (1) 

5 B o(T)a 2( B> 1 + K 7 
q I * R(m)I (MA) (~~2 ) ' ( 2 ) 

P 
I (MA) 

3 c - C< K,S,1) ^ r ^ . (3) 

The energy confinement time and critical (5-liait are proportional to plasma 
current. The edge safety factor, energy confinenent, and B-limit depend upon 
plasma alze and shape. Since the electromagnetic environment la responsible 
for plasma current, size, and ahape, It therefore influences the burning plas
ma energetics. As discussed, the assumed T E scaling and 8-limit Influence how 
burn control and fractional power operation are accomplished. 

As an example of the Interrelationships, consider moving between two 
output power levels, 1000 MW and 500 Mtf, in the denalty-temperature plot of 
Fig. 4., assuming modified Kaye-Goldston scaling. For simplicity, let us 
assume there exists a soft g-limit and that the power la changed by modifying 
either density or temperature, but not both. This case la Illustrated In the 
figure as moving from point A to point B. 

1.3.2.1, Reduction of Power from 1000 to 500 MW 

Starting at point A in Fig. 4, we wish to reduce the power from 1000 to 
500 MW. Since the most efficient reactor operation is at the 0-limit, 6 C, one 
should aim to decrease 6 such that its curve crosses the 500 MW curve near 
the desired operating point. If the power reduction is to be achieved by 
decreasing the density at constant temperature (A + B), the plasma triangu
larity should be decreased along with the density. If 6C had been lowered by 
decreasing I„, Tg would be proportionally lowered [Eqs. (1) and (3)] resulting 
in a temperature decrease. Reducing the power at constant density (A + C), 
requires a spoiling of confinement to lower the plasma temperature. Here the 
logical method Is to reduce the plasma current, thereby reducing confinement 
and £ c together. 
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<T> (keV) 

Fig. 4. Fusion f-̂ wer and critical beta Goldstone scaling 
without alpha degradation. 

1.7.2.2. Increase of Power from 500 to 1000 Hff 
If the power is to be increased by changing density (B + A), the plasma 

triangularity should be increased such that 6 C crosses the 1000 MM curve at 
point A. If the plasma current were increased, <T> would Increase because of 
the enhanced confinement. A more serious objection is that q-r might fall 
below the limit required for stability or for soft 0-limited operation. An 
increase in power with temperature (C + A) can Host easily be performed by 
increasing plasma current. This naturally increases both temperature through 
enhanced confinement and & . Again, there could be problems if q-r decreases. 
In that case, a combination of increases in plasma current and elongation 
should maintain <u while increasing <T> and 0 C. 

These two examples are oversimplified but useful for illustration. The 
confinement time and critical 8-llmit are not linear functions of shape. 
Also, the interplay between confinement time and temperature Is more complex 

1-14 



than assumed above. In reality, an appropriate path may Include both density 
and temperature changes (e.g., 4 + D or 5 + A la Fig. 4). By assuming a soft 
B-limit, the question of active burn control has been, ignored, experimental
ly, most evidence to date indicates the S-limit is hard and that active burn 
control will be required to avoid disruptions in tokamaks. Burn control can 

be considered as very small changes around a nominal power level, and there
fore the same techniques described above could be applied. Finally, if the 
confinement time is inversely proportional to the square root of the auxiliary 
power (Kaye-Goldston scaling), the auxiliary power could be used for burn con
trol or poser changes. Since the aim is to operate near the S-limit, changes 
in plasma current, size, or shape would still be required in conjunction with 
auxiliary power modification. 

These results tempt comparison with an earlier study al tandem mirror 
reactors, START(TK). The primary finding was that if radial transport is 
negligible, the input power can be simply controlled by varying the center 
cell volume. This is accomplished by controlling the magnetic field at the 
direct converter. Additionally, the direct converter allows zero net power op
eration even for small fusion power. The tokanak reactor, on the other hand, 
allows no straightforward technique for power modification. First, both the 
design and operation of the tokaoak depend upon its assuned energy con!7.'cement 
scaling. For example, if it is required to operate well above ignition for 
useful net power, the reactor has been overbuilt. Second, the actual tech
niques for burn control and power modification depend strongly on the assumed 
scaling. Finally, the coupling between the energy confinement time and the 
MHD quantities, q x anc* S e, [Eqs. (l)-(3)], further complicate burn control and 
power modification. The operations which depend upon energy confinement 
changes must not adversely affect plasma equilibrium and stability. These 
issues all make burn control and fractional power operation In a tokamak a 
much more significant and difficult problem. 

1.4. ENGINEERING STARTUP ANALYSIS 

A serious concern relating to fractional power operation is the time 
rate-of-change from one power plateau to Che next. The time rate of power 
production, which is controlled by plasma collislonal and transport mechan
isms, is quite fast and on the order of few seconds, as shown in Sect. 1.3. 
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If the power loading on the FW and blanket are Increased on this time scale, 
severe transient thermal fields could develop. These transients result from 
the coolant-flow response time in the primacy loop. The coolant-flow time 
constants can range from 10s to 100s of sec. The longest time constant is the 
time required to reach thermal equilibrium afr.er a change In the level of 
power production. We will first discuss the thermal response of the blanket 
during power variations. This is followed by a thermo-mechanical analysis of 
the solid-breeder blanket during various operational scenarios. Finally, 
tritium transport is modeled to prescribe operational procedures that lead to 
minimum tritium Inventory. 

1.4.1. TRANSIENT THERMAL-HYDRAULIC ANALYSIS 

Using the time-dependent option of the finite-element code (TAC0-2D), a 
range of power ramp conditions was Investigated and the temperature histories 
for the Ftf structure were analyzed. Both power ramp and coolant flow rates 
were varied during these studies. The power in each case started at the 50£ 
level and was ramped up to full power. The entire ramping cycle lasts from 
5 sec to 50 oin, depending on the specific case. 

The calculation results are shown in Fig. 5. Case A is for a fast power 
increase rate (103/sec) and a slow flow increase rate (l£/min). Case B Is for 
a fast power increase rate (103/sec) and a moderate flow increase rate 
(tOZ/min). Case C is for a fast power increase rate (lOZ/sec) and a fast flow 
increase rate (lOZ/sec). Finally, Case D is for a moderate power Increase 
rate (IQZ/min) and a fast flow increase rate (lOZ/sec). The mast severe con
ditions exist when the change in coolant flow rate is slower than the change 
in power production (Case A). The FW structure reaches a maximum temperature 
of 702"C and then slowly cools down. It is desirable to ramp power and cool
ant flow at the same rate, or even to increase the coolant flow rate faster 
than the rate of power increase. Plasma power ramp rate Will therefore be 
dictated by the available flow ramp rate. Much slower flow and power ramp 
rates must be used during Initial startup. 

The tine constant for the FW structure la generally on the order of 10s 
of see and is quite dependent on the power ramp rate/flow ramp rate ratio. 
However, the multilayer breeder pins respond to thermal transients on a 
longer time scale because of their inherently slow thermal diffusivity. The 
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breeder rods studied were the first row of 3-cm-dtam pins (row 6). These pins 
were chosen because they have a longer themal time constant as compared with 
pins In rows 1-5. The ramp rate for both power and flow was chosen ss 
10Z/min. The time response of the centerline temperature closely follows the 
power ramp and reaches equilibrium at 600 sec. It is inceresting to note that 
the inherently slow thermal response characteristics of breeder pins deter
mines the overall heat transfer rate from inside the pins. It is concluded 
therefore that flow rate control is extremely Important to the reduction of 
first wall thermal transients. The breeder material has an inherent capacity 
to reduce temperature fluctuations resulting from rapid power increase rates. 

The situation described above is more applicable to rapid power varia
tions during hot startups. ka will be shown later, however, the initial 
startup of the fusion system requires much slower rates of power variations. 
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Because of the development of high stresses between the cladding and solid 
breeder material, a matched power and flow ramp rate of *l%/hr is to be used. 

An important consideration of thermal transient analysis is the ability 
to determine the necessary requirements and procedures for the primary loop 
preheat. It is desirable from the viewpoint of reactor operations to perform 
hot functional tests prior to power generation. This ensures the functional
ity of components under operating temperatures and pressures. To perform hot 
functional testing, the primary loop must be heated with an auxiliary heat 
source. It has been previously shown1 that helium gas preheat is more 
desirable than other gas systems. 

Taghavi and Ghonlem developed a model for fusion reactor preheat 
analysis. The analysis presented here is an extension of their work to 
account for the physical differences in the specific reactor design. In a 
lumped capacitance model, the time constant for each component is estimated by 

pC V 

where p is the density, C p is the heat capacity at constant pressure, V is the 
volume, A is an effective surface area, and h Is an effective heat transfer 
coefficient. Various component time constants are given in Table III. 

TABT£ III 
TIME CONSTANTS FOR VARIOUS SYSTEM COMPONENTS 

Total No. 
Component, i CI ( s ) Components with r± 

1/2 primary piping 750 
FW plus module shell 57 
Be rods 24 
LiA102 rods 

K22 cm o.d. 45 
3*0 cm o-d. 150 

2 

1, ,080 

64, ,800 

86, ,400 

45 ; ,360 
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All of the primary loop components are Initially at ambient temperatures 
(«20°C. During the hot functional testing phase, we will operate all compo
nents at 250°C. He also assume here for simplicity that no major heat loss 
mechanisms take place during this phase. The energy required is simply calcu
lated by summing up energy contributions required for all components to reach 
a teaperature of 250°C. this is estiaated to be »25 MW-hr. 

We will assume that the heater can continually produce hot helium with an 
outlet temperature ot '•OO'C. Figure 6 illustrates the temperature history of 
the primary loop components during preheat. It is seen that the first half of 
the primary piping heats up quite rapidly, reaching the desired temperature of 
250°C in -20 mia. It is suggested though that the primary loop be heated in 
reverse order Co normal coolant circulation. Thus, the hot leg of the primary 
piping is heated up first, then the blanket, and finally the cold leg of the 
primary. Now the hot leg, which normally operates at 550°C, will be at 400°C 
for the tajorit;' of the preheat cycle. The average thermal power required for 
this cycle is estimated to be 8.4 MW, 

5W-

H *•-

BLANKET TEMPERATURE [AVG.l 

k 100 150 200 250 300 350 400 
TIME INTO PREHEAT CYCLE (min) 

Fig. 6. Temperature histories for various primary loop components 
during the pre-heating phase. 
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1.4.2. BREEDER-CLADDING MECHANICAL INTERACTION 

Finding the smallest allowable ramp rate for startup Is Important for the 
economy of the operation, since overly conservative startup can amount to sub
stantial percentage of the power cycle. In the stage of preliminary design 
the main concern Is failure of the cladding due to high stresses or large 
total strains. The following analysis provides a simplified tool for design 
based on macroscopic mechanical interaction between the breeder and the 
cladding. 

Since the thermal field exhibits only a slight azimuthal asymmetry, the 
problem is formulated based on an axisyametrlc analytical solution for the 
radial temperature distribution. Interaction between the changing geometry and 
Che thermal field has been neglected during the course of the analysis. The 
size of the developed gap is on the order of hundredth of a millimeter, which 
Justifies this simplification. 

Material models for the breeder pellet include linear elastic behavior, 
linear thermal expansion, and temperature-dependent swelling. The cladding 
material was assumed to exhibit linear elastic behavior, linear thermal expan
sion, and temperature-dependent creep. All linear material properties are 
taken as constants, although temperature dependence, especially in the pellet, 
may have an influence on the results. The details of the thermostructural 
breeder pellet clad Interaction model are given in Ref. [4]. 

The time-dependent temperature field Is also represented In a quasi-
static manner as follows: 

T<*.fc> " Veheat + *< r> " 'preheatl« e> • <5> 

where R(r) is the steady-state temperature profile. Swelling is assumed to 
act only at full power, that Is, when the temperature profile is fully 
developed. The field equations corresponding to the above specified 
assumptions are as follows: 

Straln-dfaplaeement relations: 

c r • u/r , (6) 
£ t - du/dr . (7) 
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Strain-stress re lat ions: 

e r - U/E)[<l+v)cr r - va k f c ) + aT + e 3 W / 3 , (8) 
e t - ( l / E ) [ ( l + v ) o c - w k f c ) + aT + e 3 W / 3 , (9) 

ffkk ' atr + a t t » ( 1 0 > 

where r and t subscripts denote radial and tangential quantities respectively, 
e 3 W is the swelling strain, and the temperature measured from some base value, 
T • The 1/3 factor gives dilatatlonal strains from the volumetric strain when 
infinitesimal strains are assumed. 

Equilibrium equations for an axisymmetric stress state reduce to one 
single equation: 

dar/dr + (o r - ot)/r - 0 . (11) 

Substituting the strain-displacement relations (6,7) Into the constitu
tive equations (8)-{10) then the resulting stresses into the equilibrium 
equation (11), we arrive at the displacement form of the equilibrium condition 

fei ^ ] - f H (X« + *8w/3) • <«> 
The solution of this equation for an axisymmetric iolid cylinder is: 

\ ' { 1 t V > H^'t) + -• (S' t }]r'dr' + Cr , (13) 
a 

a • - ̂  / r [aT(r',t) + e ^' > t : )]r'dr' + C[E/(1 - v)] , (14) 
r a 

ot - ac - E[aT(r,t) + e 3 W/3] . (15) 

Equation (13) represents the radial displacement of the breeder pellet at 
any given position r while Eqs. (14,15) give the 2-D stress field within thi 
cross section of the breeder pellet. 
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Equations (13)-(15) are then used In continuity boundary conditions in 
both tractions and displacements. This leads to an integral equation in the 
unknown function C(t), given by 

C(t) - F[T(t>] + f K£c<0,T«i>,5]de , (16) 
0 

where F[T(t)l is a forcing function related to the temperature history and 
K[C(t),T(t),t] is a kernel function related to the creep strain rate. The 
method of numerical solution is explained in Ref. [4]. 

To simulate real operational conditions, a typical time history is used. 
One cycle consists of a power ramp, operation at full power, shutdown, and 
radiation swelling time at preheat temperature. If creep deformation occurs 
during the cycle, then there will be a residual plastic strain in the clad 
after it separates from the breeder pellet. This effect is equivalent to a 
permanent increase in the clad diar̂ eter and causes it to reach contact with 
the breeder pellet in the subsequent startup at a later time within the cycle. 

Following are the effects of several important variables on the pellet-
cladding mechanical interaction problem. 

1.4.2.1. Solid Breeder/Cladding Compatibility 

The stresses for different designs under the same thermal operating con
ditions are shown in Fig. 7 for LlAlOg and 9-C cladding. Solid lines repre
sent the thermoelastlc stresses had plastic strains not developed; broken 
lines correspond to the modeled interaction. Swelling of the breeder pellet 
has been neglected for these runs. Since the coefficients of thermal expan
sion for the solid breeder is close to that of the cladding displacement of 
the pellet surface and the cladding is nearly matched. Consequently, the same 
elastic stress levels occur at significantly smaller gap sizes—an advantage 
for theraohydraulics and operational purposes. In fact, zero initial gap is 
safe for this design as will be shown in the Integrated analysis. 
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Fig. 7. Cladding stress evolution for Che first row of pins (Zone 2). 

No Initial gap la assumed and the pre-heating teaperature is 550"C. 
1 - elastic (1/2 day to full power), 3 elastic (2 days to full 
power), 5 » elastic (5 days to full power); 2, 4, and 6 » elastic. 

1.4.2.2. Preheating 
Figure 8 shows the results for the same material choice, steady-state 

teaperature profile, and geometry as Fig. 7. This tine, the system is not 
preheated to 550°C. Because the coefficient of the thermal expansion for the 
cladding is slightly higher than that for the breeder pellet, there is no 
Initial contact when the pin la preheated. Compressive stress because of 
coolant pressure develops in the cladding. Its value is about one third of 
the critical buckling stress which represents adequate nargin of safety. From 
a structural point of view, the advantage of preheating is the interaction 
occurring at cladding teaperature which permits creep. Therefore during 
startup, stress relaxation can signifies:"-ly relieve peak stress. 
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Pig. 8. Cladding stress histories for the first row (Zone 2), with zero 
initial gap. No pre-heating is assuned. 1 - elastic (2 day9 to 
full power), 3 - elastic (5 days to full power); 2 and 4 » elastic. 

1.4.2.3. Temperature Raap 

Figures 7 and 8 illustrate the sensitivity of the results to the temper
ature raap rate. When the slope of the temperature raap is low, the cladding 
can creep sore before steady-state profile is attained. The resulting dis
placement helps to accommodate the tnernal expansion of the pellet. A power 
raap rate of 20X/day will not result in excessive peak stresses. 
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1.4,2.4. Breeder Pellet Swelling: Integrated Analysis 

Figure 9 shows the interaction under cyclic operation when swelling of 
the breeder pellet is included. Swelling gradually builds up and, instead of 
the decreasing stresses, a slight increase and eventually higher stress levels 
occur. Accumulated plastic strain also limits pin lifetime. The figure 
depicts the plastic strain histories over four cycles for the LiA102/9-C 
design. Reflecting the stress relaxation process, elastic strains decrease 
while plastic strains increase. The plastic strains stay below 0.52. The same 
stres3 and strain components are shown for the Li20/2.25Cr-lMo design over 
one period. In this case, swelling of the breeder pellet la stronger but the 
creep rate is also higher so stresses remain low. On the other hand, the 
accumulated plastic strain exceeds the IZ value by the end of the first power 
cycle, which indicates failure of the breeder pin. Because of this last 
finding and the sensitivity of the peak stress to the gap size, the LiAlOj 
design is recommended. It is also found that the peak stress occurs only 
during the first cycle. In subsequent startup cycles, contact between the 
pellet and cladding is delayed, and the developing stress is almost totally 
relaxed to the threshold creep stress. This means that subsequent hot 
startups can be much faster as discussed in the earlier section. 

1.4.3. BLANKET TRITIUM ANALYSIS DURING TRANSIENTS 

Tritium Inventory is controlled by diffusive and solubility properties. 
Tritium diffusion plays a major role in determining tritium inventory; the 
slower the diffusion, the longer the residence time within the blanket, and 
the greater the diffusive inventory. For L1A10.,, there is a great variation 

27 28 in the experimentally determined diffusion coefficient. * The entire 
tritium inventory within the blanket solid breeder can be represented by: 

I,, - r, + I. + I a + I_ + I_ , 
D o s a g p 

where I d Is the diffusive inventory, I a is the inventory associated with 
solubility within the blanket, I a Is the adsorbed inventory, I g Is the grain 
boundary inventory, and I Is the poroslcy/pereolation/purge stream convection 
inventory. The total inventory, I t o t , Is composed of I b plus contributions 
from coolant contamination and metal structure permeation. Analysis of the 
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Pig. 9. Accumulated cladding plasclc strain during operational 
cycles for 9-C(HT-9)/LlA102 and 2-l/4Cr-lMo/Li02. 
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order of magnitude of these inventory contributions and the available exper
imental data is given in Ref. [8], For the I.iA102 use, the diffusive inven-
tory is identified as the major contribution. The DIFFUSE'" code is used to 
model tritium inventories during transients {see Ref. [8]). 

Reactor startup was Modeled for two different situations: (1) helium 
coolant flow at 100% of full power status and (2) significantly reduced helium 
flow during the transients to achieve higher operating temperatures and lower 
transient tritium inventories. 

The transients modeled were at 10%, 20%, 50%, and 80% of full power, each 
lasting 3.5 daya, followed by 100% power. The percentage of full power was 
used to scale the volumetric heating rates for ceramic and cladding accord
ingly, and likewise for tritium generation rate. The rise in coolant tempera
ture from module entrance (constant at 250*C) to each row of pins was taken as 
a corresponding percentage of the temperature rise at full power. 

The diffusive inventory can be obtained from the DIFFUSE output at any 
point during the two weeks prior to full power. After two weeks, the input 
parameters were set at full power values and the inventory soon returned to 
its steady-state values. The total transient inventories were obtained as 
function of time for each row, and summed for the total blanket inventory. 

The transient results involving 100Z helium flow gave total blanket 
inventories of 226 g after 3.5 days at 10% power, 621 g after 3.5 days at 20% 
power, 429 g at 50% power, 61 g at 80%, and a short time at 100% returned the 
total inventory to the steady-state value of 12,6 g. These results are plot
ted in Fig. 10. The inventories are obviously much higher than steady-state 
during 10%, 20%, and 50% power levels, reaching several hundred grams with the 
largest contribution from Che first row and its dominant tritium generation 
rate. The characteristic temperatures ranged from 277" to 317"C at 10% power, 
317* to 377"C at 20%, 407* to 577*0 at 50%, 507* to 737*C at 80%, and 567* to 
857*C at full power. The temperatures fall within the regime of very slow 
tritium diffusion for 10% to 50% power, leading to rapid buildup of the bred 
tritium within the pins. 

These significant inventories could lead to safety-related concerns of 
large blanket inventory, especially for protracted startup times at these 
temperatures. For this reason, the same startup regime was re-analyzed under 
condition! of restricted helium flow, reducing the rate of cooling and 
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Fig. 10. Transient blanket tritium inventory for a typical 
startup scenario. 

allowing higher temperatures to be achieved within the breeder. For the 102 
and 202 power transients, the helium flow rate was set at 202 of that at full 
power. Thus, at 202 of full power the same coolant temperature should be 
obtained for each row as at 1003! full power. Likewise, at 502 and 802 of full 
power the helium flow rate was set at 502 and 803 of full power, again giving 
the same coolant temperatures. For 102 of full power, with helium flow set at 
202, the rise in temperature between blanket inlet aad the row in question was 
taken to be one half that n*. full power. The vi luaetric heating rate and 
tritium generation rate were scaled down from full power according to the 
transient power level as mentioned previously. 

Because of considerably higher ceramic temperatures under these condi
tions of controlled coolant flow, the total blanket inventories were greatly 
reduced from the full power flow transients. The results give total inventor
ies of 153 g at 102 after 3.5 days, 40.2 g at 202, 25.6 g at 502, and 16.5 g 
at 802. These results are also shown in Fig. 10. 

The results for these two cases clearly show the need for tailoring the 
helium flow rate to the transient power levels. An extended startup could 
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lead to massive inventories If full power flow conditions are used. Even with 
controlled flow, a gradual inventory buildup might be a concern for low power 
levels over an extended period of testing* In this case, supplemental pre
heating of the coolant would alleviate such concerns. Further study of the 
minimum practical helium flow rates is also warranted: the minimum of 202 of 
full power flow is a conservative estimate, to avoid problems with flow 
instabilities. 

For shutdown, two different cases were analyzed: (1) coolant flow at 20Z 
of full power and (2) a combination of coolant flow reduction and heating such 
that the coolant temperature ranged from 470" to 500°C across the pins. This 
second scenario can be thought of as "baking" the blanket to speed its purging 
of tritium inventory. Both scenarios assume afterheat volumetric generation 
of IX of full power and zero tritium generation. 

For the first case, that of simply reducing the helium flow, the tempera
ture of the coolant entering the blanket was again 250"C, and the temperature 
rise at each row of pins was taken to be 1/20 that of full power. These new 
coolant temperatures, 13 volumetric heating, and a corrected heat transfer 
coefficient were used to calculate new temperature profiles across the pins as 
before, and diffusion-averaged temperatures were again calculated for each 
pin. These temperatures were used as input to DIFFUSE along with zero genera
tion rate as an additional step following the analysis for the three-year run 
at 1002 power. Thus, the solid breeder grains start with their steady-state 
inventories, then instantaneous shutdown occurs at which no more tritium is 
generated but the steady-state concentration profiles within each grain are 
now subjected to the much lower temperatures at shutdown. As can be expected, 
tritium diffusion from the grains slows down drastically. The diffusive 
inventories are modeled for a year after shutdown, with total blanket 
inventory calculated aa before. 

Figure 11 shows that, after two weeks, the total inventory is reduced 
fro* the steady-state full-power inventory of 12,6 g to 12.4 g, only a 1.67. 

decrease in total Inventory. At the end of six months at these shutdown 
conditions, an inventory of 12.1 g still renains and after one year an 
Inventory of 11.7 g, indicative of the almost negligible rate of diffusion at 
these cold shutdown temperatures. In comparison, the characteristic grains 
are then modeled for hot shutdown, with the coolant temperature of 500°C. As 
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Pig. 11. Shutdown tritium Inventories for a characteristic 

blanket temperature of 270°C and a bake-out tem
perature of 500°C. 

could be expected, the result was a significantly accelerated tritium purge 
from the blanket. Figure 11 shows that, after two weeks, the inventory was 
reduced to an insignificant 0.02 g. Such auxiliary heating should alleviate 
inventory concerns in a post-shutdown environment. 

1.5. SUMMARY AND CONCLUSIONS 

Design and performance analysis of fusion power systems must take serious 
consideration of their operational characteristics. In this report, a compre
hensive assessment of the physics and engineering operational design con
straints is given for a model tokamak with a solid-breeder blanket. The 
following are conclusions of the study: 

1. Startup/shutdown operational design constraints are due to: 
(a) special component design requirements, (b) dynamic plant sub
system interactions, and (c) special startup components. 
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Operation of fusion power systems can be divided into five phases: 
(a) Initial commissioning, (b) cold or hot shutdown, (c) plasma ini
tiation and standby power, (d) fractional power operation, and 
(e) rated power. 

The longest tine scales are dictated by engineering constraints 
rather than physics performance. The rate of fusion power variation 
mist be slow enough to meet the following limitations: (a) stress 
and material compatibility limitations (e.g., mechanical interaction 
between the breeder and structure system); (b) auxiliary power limi
tations. A total energy of 25 MW-hr Is required to preheat the 
primary loop and blanket to 2S0°C; (e) mechanical limits. Pump and 
valve inertia is responsible for the slow response of the primary 
coolant to rapid power variations. 

From simplified analysis, It is evident that the passive electro
magnetic environment (eddy currents) could significantly affect the 
plasma equilibrium and control. This is the impetus behind our 
electromagnetic modeling described in this paper. He built our 
models (eddy current, plasma position and shape, lower hybrid 
current drive) such that they would all be consistent and could be 
brought together In a total systems code. This part of the effort 
Is still in progress. 

Fractional power operation studies show a strong dependence on the 
energy confinement scaling assumed, both for reactor design and 
operation. Burn control and transitions between power levels are 
seen to be closely related with appropriate control levels including 
auxiliary power, fueling rate (density), and confinement control. 
This last knob ties back into the electromagnetic work since con
finement is dependent upon such MHD quantities as plasma current, 
size, and shape. It is noted that changes in confinement must occur 
in a manner conducive to plasma stability and equilibrium. Finally, 
we demonstrated lower hybrid current ramp-up with our ray-tracing 
code coupled Co a transport/equilibrium code. 
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The Cine constants for the FW structure are generally an the order 
of 10a of s, while those for the sol'd breeder are on the order of 
10s of min. The ramp rates must be matched for both power and flow, 
and slow enough (<102/min) so as not to result in excessive FW 
transient temperature rise. 

The preheating energy required for the nominal 1000 fW(e) plant Is 
on Che order of 25 MW-hr. It is estimated that less than three 
hours are required to bring the system to its operating tempera
tures. The controlling factor is the response time of the blanket 
sy3tea. 

Mechanical interaction between Che solid breeder and cladding mater
ials is driven by intermittent system operation. A. fatt startup 
results in high transient cladding peak stresses which eventually 
relax to the threshold stress for creep deformation. Prior pre
heating to 550°C for the LlA102/9-C design allows thermal creep to 
mitigate the developing high stresses. An initial =*artup rate on 
the order of lZ/hr is recommended to avoid the development of high 
transient stresses. 

Cladding plastic strains accumulate during preheat cycles, but do 
not exceed 0.5! for one year of operation. 

Unrestricted coolant flow during startup ramping will lead to 
hundreds of grams of tritium inventory. Reduction of coolant 'low 
can keep inventory at acceptable levels. 

Intermittent blanket preheating to 550°C during shutdown can lead to 
rapid purging of residual tritium. 
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2. SUMMARY 

The purpose of this srudy Is to develop the tools necessary to examine 
the transient behavior of tokamak fusion reactors In order to gain a better 
understanding of the system and to arrive at Implications for design. Since 
the purpose was not to design a machine, one existing conceptual design was 
chosen, the INTOR [1] design. This particular machine reflects the trends for 
future tokamak reactors, but has enough previous analysis to be well-defined. 
The primary reason for this choice is the extensive magnet design and optimi
zation. The INTOR. machine has a blanket configuration, although smaller than 
those predicted for reactors, which is sufficient to examine eddy current ef
fects. The design can be used with a diver tor or Kmiter, although only the 
limiter option Is examined. The machine design, although in an advanced 
stage, is quite flexible for analysis. A schematic of the INTOR tokamak is 
given in Fig, 1. 

The ohmlc heating solenoid and pololdal field coils are located outside 
of the toroidal field coils. The locations and dimensions are listed in 
Table I. We allow for both normal and superconducting OH and PF coil sets. 

The blanket is basically preserved with the breeder located in the out
board and upper regions. The remainder of the blanket Is shield which sur
rounds the entire plasma chamber. This geometry is used in the eddy current 
model of the blanket. Both solid, Li^O, and liquid lithium breeders are 
considered. A schematic showing the dimensions throughout a width of the 
machine Is shown In Fig. 2. 

A few of the design specifications for the plasma have been altered to be 
more congruent with experimental observations. The plasma edge safety factor 
is preserved at about 2.1, while the burn average toroidal beta is set at 
3.4X, agreeing with the Troyon limit. This correspondingly drops the poloidal 
beta to 1.6. In addition, the energy confinement time, assuming an L-mode 
scaling of 

T E - 0.31Ip (MA) a2 (m) , 

2-1 



15-

[ • . ' • • •^•Sg^fp ;;p^5^T 

Fig. 1. FED/INTOR elevation view. 



' 0.10 TF CAtE 
.11 0EWARC10 COME. VAC..EOUNDARY + JOS OAF) 

A U DMENEONS ARE M METRES 

Fig. 2. FED/INTOR r a d i a l bui ld . 



TABLE I 
LOCATIONS AND DIMENSIONS OF OHMIC HEATING AND POLOIDAL FIELD COILS 
Coil # R(m) Z(m) i5R(m) dZ(m) Turns 

1 1.35 4.60 0.56 0.56 93 
2 1.35 -4.60 0.56 0.56, 93 
3 2.25 4.45 0.26 0.26 20 
4 3.20 -6.85 0.22 0.22 14 
5 3.55 5.45 0.62 0.62 26 
6 6.00 -6.85 0.82 0.82 202 
7 6.45 5.45 0.62 0.62 214 
8 10.00 4.80 0.74 0.74 166 
9 12.35 -5.50 0.98 0.98 286 
10 1.35 0.00 8.56 0.45 1200 

yields about 2.9 s. The reduction in beta was chosen so as to maintain trie 
ion average temperature at 10 keV, thus lowering the average ion density. 
However, the nt. for this is 3.66 x 1 0 2 0 s/m3, which is ignited. The Ji 
thermonuclear power is also decreased to 510 MW. A table of the INTOR [I] 

plasma parameters and those used in this stû .y are given in Table II. 
All other parameters are preserved, although numerous energy confinement 

time scalings are examined in the fractional power studies and burn control 
discussions. It should also be emphasised that the engineering work has been 
done on art INTOC-like aachine with different plasma characteristics to 
simulate a power producing reactor, and the blanket characteristics do not 

correspond to TNT0R. 

The discharge scenario is altered so that the plasma current is not just 
driven by the ohmic current, but also by RF sources. This sort of hybrid 
current drive is considered necessary to achieve fractional power level 
operation and long discharge times approaching continous operation. The burn 
tines will then be well over the 100 to 200 seconds prescribed in INTOR. 
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TABLE II 
PLASMA PARAMETERS FOR THIS STUDY AND THE ORIGINAL INTOR VALUES 

INTOR UCLA/INTOR 

Plasma major radius, m 5.3 5.3 

Plasma minor radius, m 1.2 1.2 

Plasma elongation 1.6 1.6 

Plasma triangularity 0.2 0.2 

Burn average beta, Z 5.6 3.4 

Poloidal beta 2.6 1.6 

Average ion temperature, keV 10.0 10.0 

Average ion density, a 1.4 x 1 0 2 0 1.28 x 1 0 2 0 

Energy confinement times, s 1,4 2.9 

Plasma current, MA 6.4 6.4 

Field on chamber axis, T 5.5 5.5 

Safety factor at edge 2.1 2.1 

Thermonuclear power, MW(t) 620 510 

REFERENCE 

1. U.S. FED-INTOR and U.S. Contribution to the INTOR Phase 2A Workshop (Oct. 
1982). 
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3.1. INTRODUCTION 

Conceptual designs of fusion reactors have been based primarily on 
achieving rated power output by maintaining the plasma parameters at their 
optimum operating levels. However, as with fossil and fission power plants, 
the commissioning of fusion power reactors will entail a series of plasma and 
system component performance checks at low power (<5Z of rated power) and 
subsequent testing at progressive power stages. In addition, we can envision 
normal start-up/shutdowns of the plant for scheduled maintenance and when 
system components malfunction. In these procedures, the fusion power can vary 
from below 5% to 100? of the plant rated power, and the rate of change must be 
controlled to satisfy physics and engineering constraints on the plasma and 
its support systems. What this implies is that, in addition to operating at 
full load, the plant should have the capability of operating at fractions of 
Its full power and of making controlled transitions between power levels. 

In this chapter, we explore methods to operate a tokaaak fusion reactor 
at fractions of its rated power, identify the more effective control "knobs" 
and assess the impact of the requirements of fractional power operation on 

full power reactor design. In particular, we study the role of burn control 
in maintaining the plasma at thermal equilibrium throughout these 
operations. Aa a prerequisite to this task, we carefully examine the critical 
physics Issues relevant to reactor performance predictions and offer some 
insight into their impact on fractional power operation. The basic tool of 
analysis consists of a zero-dimensional (0-D) time-dependent plasma power 
balance code which incorporates the most advanced data base and models in 
transport and burn plasma physics relevant to tokamaks. 

Because the plasma power balance is dominated by the transport loss and 
given the large uncertainty in the confinement model, we have studied the 
problem for a wide range of energy confinement scalings. These scalings for 
global confinement time T are most often empirical and can be divided into 
three groupa: (A) T independent of heating power, (B) t degraded with 
auxiliary power, and (C) T degraded with both auxiliary and alpha power. As 
such, a detailed comparison of ignition criteria for those scaling laws was 
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also carried out with the use of steady-state analysis. The results of this 
analysis form the basis for studying the temporal behavior of the plasma under 
various thermal control mechanisms. Scenarios of thermally stable full and 
fractional power operations have been detertni <: for a variety of transport 
models, with either passive or active feedb£?1c burn control. Important power 
control parameters, such as gas fueling rate, auxiliary power and other plasma 
quantities that affect transport losses, have also been identified. The 
results of these studies vary with the individual transport scaling used and, 
in particular, with respect to the effect of alpha heating power on 
confinement. 

The contents are outlined aa follows. Section 3.2 giv&s a brief descrip
tion of the physics basis upon which this work depends In addition, a number 
of critical issues are identified and an assessment of how they impact reactor 
operation in general is given. Section 3.3 describes the caleulational model 
and techniques used In this study. This Is followed by section 3.4 In which 
results of the steady-state analysis are presented. Section 3.5 gives the 
results of time-dependent analyses for various thermal control scenarios under 
a wide range of operation conditions. In section 3.6, scenarios of fractional 
power operation are explored. Discussion of results and their impact on 
reactor power operation, and a Use of conclusions are given in section 3.7. 

3.2. PHYSICS BASIS 

The level of thermonuclear power output from a fusion reactor depends on 
the operating plasma density <a> and temperature <T>. « > denotes volume 
average.) At thermal equilibrium, the plasma heating power, including ohmic, 
auxiliary and alpha, is balanced against the plasma losses, which consist of 
transport and radiation. The properties of each of these power components 
are, in addition to <n> and <T>, functions of the plasma discharge parameters, 
namely: the plasma current I_, size (RQ » major radius, a =• minor radius), 
shape (K • elongation, etc.) and the toroidal magnetic field B 0. The profiles 
of density, temperature and auxiliary power deposition are also important 
factors in determining the power balance. Externally induced plasma losses, 
such as transport due to magnetic field ripples and radiation arising from 
Impurity Injection can also play an important role. 
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In the following subsections, we will focus on the -.nore important physics 
issues related to reactor-grade plasmas and briefly review their experimental 
and theoretical status. He will also describe the various physics models to 
be employed in our analyses and assess the uncertainties and implications that 
come with these models. 

3.2.1. ENERGY CONFINEMENT 

The current status of understanding of energy transport in tokamak 
plasmas was well documented in a recent review article by S.M. Kaye. [1] It 
has long been established that transport in a tokamafc is anomalous and 
governed primarily by plasma turbulence [21 as a result of the existence of 
free energy sources within the plasma. These sources can be in the form of 
current and pressvre gradients, or a distorted or nonisotrople particle 
distribution function, a likely consequence of externally applied auxiliary 
heating. Experiments to date also confirmed that the main energy loss channel 
is through the electrons. Because of the complexity of the problem, there are 
relatively few reliable theoretical models that can adequately describe the 
parameter dependence of energy confinement obtained from these experiments, 

tfnder these circumstances, tokamak transport has been studied through the 
so-called empirical scallngs, which express the global energy confinement 
time T_ as a function of plasma discharge parameters such as I„,<ne>, R 0, a, 
etc. These empirical scalings are obtained by curve-fitting to a large 
.ollection of data over a widn range of parameters using standard multiple 
linear regression techniques. [3] In low-density obraic discharges, it was 
found that [4] 

r \ 7 i irt-22. w -3. 1.04, . „2.04. . 0.5 . . . T_ „,(sec) • 7.1 x 10 <n >(cm ) a {cm) R (cm) q (1) E,NA e o 

where q Is the safety factor at the plasma boundary. This is the well-known 
neo-Alcator scaling. For auxiliary-heated tokamaka, particularly neutral bean: 
injection heating, the empirical scaling is given by [4] 

•U (sec) - 6.4 x 10~ 8 K 0 , 5 I (A) P„ ~°'5(w) a~°' 3 7(ca) R 1 , 7 5(cm) E,aux p cot o 
(2) 
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where P t Q t is the sum of ohmic power P 0 H and auxiliary heating power P a u x« 
Comparing Eqs. (1) and (2), we note that for ohmlc discharges, T_. is strongly 
dependent on the average density <n e> while for P a u x > PQ^, this density 
dependence disappears• Instead, for these discharges, T F increases linearly 
with I_ and decreases monotonically with P a u x . Noting that T„ levels off 
above a critical density for ohmlc discharges on Alcator-C [5] and D-III, [61 
Goldston proposed an inverse quadrature relation of T„ to T_ „. and T_ to 

E t,NA E,3UX 
model the confinement [4]: 

_2,-l/2 
^ - - (*,» + *.« r (3) 

and was able to fit the experimental data very well. Equations (1), (2), (3) 
represent what we call Goldston scaling. Clearly, above a critical density, 
given by the equality T„ . » T_ , T t is dominated by T_ . Conversely, 
for constant density and auxiliary power, T E becomes neo-Alcator like above a 
critical current. The latter has been observed on D-III [7] and is well 
modeled by Eq. (3). 

Recently, an extension of Goldston scaling, the Kaye-Goldston scaling, 
tl] into discharges with P > 2 P n n has resulted in a slightly more 
optimistic model for T-, , given by 

r ^ t nn i n - 8 v 0 . 2 8 . - 0 . 0 9 ,,,. .1.24 ,„.., .0.26 -3. T K_Q (sec) - 6.02 x 10 K B ('i') I (HAKn e> (cm ) 

„-0.58 ,,_.. .-0.49 , , -1.65 , . ... 
x P T 0 T (Mtf) a (cm) R^ (cm) . (4) 

We note that Tv_r has a stronger dependence on I and <n e> than T_ and, n—u p c &, aux 
according to Eq. (4), ignition operation tends to favor devices with high 
current and high toroidal field, a fact that Is borne out by recent studies of 
the Compact Ignition Torus. [8] 

With regard to beam-heated tokamaks, experimental data on D-III with 
P t o t * 8 MW reveal that T >»ay equally well be approximated by [9] 

T E D I I I ( « « ) - Ip(MA) Kl/ [0.022 + 0.061/Pt(Jt(MW) ] (5) 
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for liralter discharges. Here we note that t„ decreases but eventually levels 
off with Increasing P t o t . With respect to scaling with P a u x , T £ I I t is much 
more optimistic than T„ . It is clear that data with high auxiliary power 
(>15<MW) are needed to clarify this point. 

Based on the phenomenological free energy argument, Ohkawa [2] derived a 
scaling law for T given by 

T„ -..(sec) => 6.32 x 10~ 2 2<n >(m~ 3) R 2(m) a(a) q<T > - 1 / (keV) (6) CfUN e o e 
X f 1 + P a u X

( M W ) / P O H ( M W ) r 1 / 2 

which has the sane functional dependence on P a u x as Goldston scaling for P a u x 

» PQJJ. For a pure otuaic discharge, we note thai. T_ 0 „ reduces to a 
Merezhkin-like scaling [10] with the characteristic <T e> '^-dependence. 

There are several other theoretical transport acalings which appear to 
fit the experimental data from present-day tokamaks over a wide range of 
parameters. One of these is due to Perkins, [11] who postulates that the 
electron thermal conduction is governed mainly by the strong drift wave 
turbulence between the q»l and q-2 surfaces. He arrived at an empirical 
scaling of the form [11] 

T P « I °'9B - 0' 1 n °* 6 P, " ° - 6 a 0 " 4 R U 7 (7) 
E,P p o e tot o 

which Is remarkably close to the form of T„ . Thus it can be said that 
much progress has been made toward the theoretical understanding of the 
physical processes governing cransport in toroidal plasmas. 

Although a large data base has been accumulated in neutral beam heated 
discharges, there are as yet very little systematic studies on the effect of 
RF heating on confinement. Ion cyclotron radio frequency (ICRF) heating 
experiments on PLT [12] and TEXTOR [13] have recorded r E degradation with RF 
power in a manner very close to that found for beam heated experiments. Very 
similar behavlo- of T E with P a u x was also observed on D-III for electron 
cyclotron heating. [7] Definitive scaling laws are not available because of 
the limited RF power levels Involved. Thus, for the time being, we will 
assume that RF-heated plasmas follow the same confinement scalings as for 
beam-heated plasmas. 
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The empirical acallngs In Eqs. (2)-(7) are derived for the so-called L-
mode neutral beam injection (NBI) discharges, in which a substantial drop 
in r_ from that in ohmic discharges is observed. However, "good" confinement 
in these NBI discharges can be restored by essentially reducing the neutral 
recycling near the edge of the plasma. This so-called H-mode operation can be 
obtained by a variety of means, for example, by a "closed" divertor 
configuration. The H-mode plasma is characterized by a radial T e profile with 
a pedestal of several hundred eV and a relatively flat density profile. 
However, detailed processes Involved in the transition from the L- to the H-
mode are not well understood, except that H-mode confinement seems to exhibit 
the same parameter dependence as for L-raode plasmas, and the confinement time 
for H-mode is roughly twice that of L-mode. There are other methods to 
improve energy confinement, such as pellet fueling, trace impurity Injection 
and ungettered operation. But these techniques do not yet have sufficiently 
large data bases to warrant serious consideration for reactors. 

In summary, we point out that there are no experimental data on 
confinement properties for either reactor-sized or D-T burning plasmas. On 
the other hand, a large collection of data has accumulated over the years from 
a variety of tokamak experiments in which T„ appears to exhibit a consistent 
functional dependence on machine and discharge parameters. These empirical 
scalings seem to be supported by recent experimental results on TFTR, [14] 
JET, f 15] and by transport theory [11] on tokamaks. Extrapolation to near-
term large non-burning tokamaks using the empirical transport scaling is 
justified. However, for burning tokamaks, the issue of alpha particle effects 
on confinement needs to be addressed. 

3.2.2. ALPHA PARTICLE EFFECTS 

From a phenomenological point of view, Ohkawa [2] argued that the beam 
ions heat the background plasma, creating a nonisotroplc electron distribution 
function. Part of the beam power then ends up as a source of free energy for 
plasma turbulence or fluctuations, which can lead to enhanced energy 
transport. Using an argument along this line, an approximate transport 

-1/2 scaling is derived that yields a P dependence for T E . 
_l/2 

It is tempting to Invoke the same reasoning and Infer that T « = P , 
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where P is the alpha heating power. We note that a variety of physical 
processes exist through which alpha particles can give rise to plasma 
turbulence. For example, energetic trapped alpha particles may interact 
through their precessional drift with high-mode-number ballooning modes in 
tokamaks. [16] The alpha particles may also destabilize the shear Alfven mode 
and the fast magnetosonic wave via their anisotropic distribution, or the 
drift Alfven spectrum by virtue of plasma inhomogeneities. [17] Indeed, that 
the influence of alpha particles on confinement is analogous to that of 
neutral beam ions may be a very reasonable assumption, which we will consider 
in our work. However, there exists the possibility that the alpha particles 
may transfer most of their energy to the background plasma via anomalous 
absorption through the kinetic shear Alfven instabilities. [18] In that case, 
the deleterious effect on confinement may be alleviated. 

3.2.3. PLASMA BETA LIMIT 
The fusion power P j u 8 from a tokamak reactor has the following parameter 

dependence: 

Pfus * B c V a V < a v >DT / T 2 ( 8 ) 

where $ is 'die toroidal beta limit for mhd plasma stability. Small 6 can 
severely Holt the range of fusion power output for a reactor of given size. 
Indeed, if additional constraints such as passive thermal stability and 
ignited operation are imposed, the range of power output may be further 
reduced. Thus, reactor concepts that raise the beta limit are a subject of 
vital interest to the fusion community. 

There are basically two regimes of stability for tokamaks in terms of the 
plasma beta. The first stability regime is characterized by plasmas with 
elongated Dee shapes, and <fL> <, 102. Stability against external kinks 
without wall stabilization imposes a beta limit given by Troyon et al.: [19J 

<6a> <Z) - C Q Ip(MA)/a(m) B o(T) (9) 
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where C 0 Is a constant (C 0-2.7). Sykes et al. [20 J found a similar beta limit 
for ideal ballooning modes with C0»4.4. Consideration of resistive tearing 
nodes will somewhat lower this beta limit. Recently neutral beam experiments 
on D-III [21 J indicated the same parameter dependence of < (5 > but with 
C 0-3.5. In our analyses, we will adopt the D-III beta limit scaling. 

In recent years, numerical and theoretical studies [22,23] showed that a 
marked Improvement to the stability of pressure-driven Ideal mhd modes can be 
achieved by creating an indentation on the inboard aids of a conventional Dee-
shaped plasma. Access to the so-called second stability regime, characterized 
by beta limits in excess of 20?, is further facilitated by the presence of a 
nearby conducting wall. However, stability In this regime requires precise 
control of the local plasma current profile which may impose severe 
requirements on the current drive system. The design of the pusher coil, 
together with its shielding, used for indenting the plasma could also pose a 
major technological challenge when extrapolating to the reactor regime. Due 
to the uncertainty of this mode of operation and the lack of an extensive 
experimental data base, we will limit our analysis to first stability 
discharges. 

An equally Important consideration in fractional power operation concerns 
the plasma transport as <(?> approaches the mhd limit. In the D-III 
experiments, f21] it was found that the 6-llmit is generally disruptive, 
caused by destabilizatlon of the m-2, n-I external kink mode. In contrast, 
"soft" beta limits were observed on ASDEX [24] as the neutral beam power was 
increased except for o < 3 and/or high power discharges. This saturated beta 
is a direct consequence of enhanced transport caused by turbulence as the 
plasma pressure approaches the mhd limit. Very similar confinement properties 
were also observed on ISX-B experiments [25] a few years ago, in which the 
plasma transport Is well modeled by a thermal diffusivity X proportional to 

3/2 e 

(eS ) , [26] where P is the pololdal beta and e is the inverse aspect 
ratio. It is at present not precisely known as to what leads to a "soft" or 
"disruptive" beta limit. If the "disruptive" beta limit is assumed, a maximum 
beta of perhaps 0.9<5 > will be the practical limit to avoid disruption, thus 
further reducing the region of operation in the <n>-<T> space. On the other 
hand, a "soft" beta limit permits full exploitation of the plasma pressure and 
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can potentially lead to an excellent scheme for power control with inherent 
thermal stability. 

3.2.4. DENSITY LIMIT 
It was observed in tokamak discharges that there is a maximum density 

limit to mhd stable operation, known as the Murakami density limit, [27] given 
by 

n <10 1 4 c m - 3 ) - k B /qR (10) 
max m o o 

where k ~ 1.5 for ohmic discharges and k ~ 2-3 for auxiliary heated 
plasmas. This density limit can potentially narrow the region of operation 
for reactors if for some reason, low-temperature operation is desired. 

3.2.5. THERMAL STABILITY 
From a design point of view, it is desirable to operate the reactor over 

a. region of thermal equilibria in <n>-<T> space in which the system is 
passively stable. Operation outside of this region probably requires a 
feedback burn control scheme that may add to the complexity of the discharge 
scenario and the related engineering subsystems. The issue of reactor thermal 
stability nay best be understood by examining the plasma energy balance near 
ignition; 

^ - P + P - P.' = F«n>,<T» (U) 
dt a aux L ' 

t where W, P , P „ and P. are the energy, alpha power, auxiliary power and loss Q aux Li 
power (including transport and radiation) respectively. Thermal equilibrium 
is defined by 

F«n>,<T» - 0 (12) 

and a necessary and sufficient criterion for thermal stability Is 
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| ^ - F «n>,<T» < 0 (13) 

For a constant P a u x , Eq. (12) defines a contour in the <n>-<T> space, along 
which 

d<n> 3F«n>,<T»/9<T> 
d<T> ' 3F«n>,<T»/9<n> 

The part of the contour that satisfies 

(14) 

3F«n>,<T» d<n> ( 

3<n> d<T> ' " U 3 ; 

is then thermally stable, and will depend on the empirical scaling governing 
P,. As an example, for neo-Alcator scaling (E<j. (1)) and a 50-50 DT plasma, 
it is found that 3F/3<n> > 0 for <T> > 5 keV such that in that range of 
temperatures, the part of the contour with d<n>/d<T> > 0 is thermally stable. 

3.2.6. OPERATING MODE 

It has long been established that steady state operation is critical to 
the future of the tokamak configuration as an economically viable reactor 
concept. Noninductlve current drive by lower hybrid waves has been shown to 
be effective in recent experiments, [28] although only at relatively low 

13 —3 densities « n > < 5 x 10 cm ) . Theory predicts [29] that the current drive 
« ~ -1 

efficiency scales as I_/Prf = n such that within the reactor range of 
parameters, the efficiency will extrapolate to unattractively low values. To 
exploit the relatively good lower hybrid current drive efficiency at low 
densities, the "hybrid transformer" mode of operation was proposed. £30] In 
this mode, the plasma current is alternatively driven by the OH coil during 
the burn phase and by lower hybrid waves during the low-density, non-burning 
and coil re-charging phase. What emerges is a plasma discharge scenario in 
which the burn pulse is long { » 1000 a), depending on the transformer size, 
while the current can be kept constant, thus minimising the occurence of major 
disruption. 

In the analyses here, we will treat the "hybrid transformer" as the 
reference ax>de of operation at all levels of fusion power output. The study 
will be focused on the OH-driven burn pulse, and the problem of plasma 
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transients between the low density dwell phase and the fusion operation phase 
will be the subject of Chapter 6. We also note that by adopting this hybrid 
mode of operation, transition between power plateaus Is naturally achieved 
while starting up from a dwell phase. In the case of genuine steady-state 
operation with RF current drive, direct transition from one power stage to 
another may have to be considered. Even then, the choice between direct 
transition and fresh start-up remains to be determined. 

3.3, CALCULATIONS MODEL 

We use a relatively simple, zero-dimensional plasma model to analyze 
tokamak operation at various power levels. There are two reasons for this 
simple approach: first, detailed local transport in a tokamak Is not well 
understood, making it difficult to model, especially in reactors where 
auxiliary and alpha heating power dominate ohmic heating; secondly, a more 
sophisticated one-dimensional plaoma model leads to a much more time-consuming 
computer code which is unnecessary for reactor parametric analyses. 

3.3.1. BASIC EQUATIONS AND SOLUTION METHOD 

The set of equations for the time dependent analyses include the particle 
conservation equations for the mean fuel ion density <n^> and for 
alphas, <n > and energy conservation equations for mean particle energies, 
<T i>, <T e>, <T > for Ions, electrons, and alphas, respectively. Electron 
density is obtained by assuming charge neutrality. The system of equations is 
written in the form: 

Kn.> , <n >• V 
- j J - - (9 ± - T / n 2f (1 - f D) <ov> dr J - -*—*•)/Vp (16) 

pi 

X B > „ <n >• V 
- 5 E 2 " " (t V fD« " V <flV> d r ] " -^Ipf ) / V P ( 1 7 ) 

3<T.> ZS, da. 
- h-Br- ~ <*,> WLl/<nJ> (18) 3t l1.5V_ i 9t J'"M' 
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3<T > 
e 

SP 
- [ e 

'I.5V P 
- <T > 

e 
'"e 

at 

SP 
- [ e 

'I.5V P 
- <T > 

e 
'"e 

KT > 
a 

3t 4.5V - <T > 
a 

where ; <n e> » <n±> + 2 a 

Kn > 
e 

Kn t > 3<a > 

(19) 

(20) 

(21) 

3t 3t ' " 3t < 2 2 ) 

/( ) dr » plasma volume integral 

V « total plasma volume 
T . " particle confinement time for species j 
EP. - sum of the volume integrated power terms for species j 

The power tenia considered in this rsadel include: 

EP. - P , + P . + P, -P. . (23) 
i ai aux,i ie tr,i 

We " P « + Paux,e " ̂ ie ~ Ptr,e + P0H - Prad < 2 4> 

^ a " Pfus - Poi - Poe < 2 5> 

Each of these terms are volume integrals (MW total), where: 

P . * alpha thermalization power to species, j 
P » auxiliary power to species, j 
p£ e * ion-electron rethermalization 

P t r J * total transport loss (including energy conduction and 
convection) for species, j 

P 0 H * ohmic heating power 
m 

synchrotron radiation 
P d - total radiation loss Including bremstrahlung and 
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pfus * alpha power released in fusion 

The radial (r) profiles for the density and temperature of each species, 
j, are computed In the form-' 

2 2) p f1 nj(r) » n j 0(l - fjr la.i} 3 (26) 

where: 

a » the peak value of density (or temperature) for species j 

£. « the fraction of the peak value at the plasma edge (» 0.02) 
pf. - the profile factor 
a - plasma minor radius 

The power terms (in Eqs. (23), (24) and (25)] are Integrated over the plasma 
volume using the profiles in Eq. (26) expressed in the general form: 

Pfc (MW) = ^ T T ^ K Cfc / p f c(w/m 3) r dr (27) 
o 

where; 
C. - energy conversion factor for the power term, k 
p. (w/m ) - power density as a function of radius, t 

The density can be fixed during»a time-dependent run and the required ion-fuel 
source is computed> Multiple time-dependent sweeps ramping up the temperature 
at constant density can be combined while successively incrementing the 
density for each sweep. Operating parameters can then be plotted in the 
resulting density-temperature space as in the P0PC0N plots generated by the 
ORNL Tokaaak Code, WHIST. 131] For a sufficiently small temperature ramp 
rate, these results approach the equilibrium values (dT/dt « 0), and the 
resulting "pseudo-equilibrium" contours give valuable information on reactor 
steady-state operation. 
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3.3.2. POWER TERMS 

3.3.2.1. Alpha Theraallzation 
For simplicity, alpha thenaallzation can be assumed to be Instantaneous, 

and thus, Eq. (20) can be dropped from the system of equations. P 
and P In Eos. (23) and (24) are replaced by (f . • P„ ) where f . is the oe "d t u s <*j 
fraction of alpha power going to species, j, at the present plasma 
conditions. Instantaneous alpha thermallzation is a good approximation under 
steady-state conditions. Since it is extremely fast computationally, this 
assumption is used in some cases, for instance, in generating the pseudo-
equilibrium contour plots. For a more exact treatment by the code, the alpha 
thermalization terms are retained explicitly In Eqs. (23), (24) and (25) 
as P . and P . These are computed by numerical integration over all alpha 
energies and their sources contributing to the thermalizatlon power in the 
current integration time Interval, following a similar model developed by 
Houlberg and Conn. [32] 

3.3.2.2. Auxiliary Power 

It was assumed that over the range of plasma parameters examined, the 
auxiliary RF powier has a constant fraction going to the ions (usually 0.8) and 
a constant net absorption efficiency, defined as power absorbed by the plasma 
per unit of power delivered to the RF generator (usually set at 0.55). These 
assumptions are sufficiently accurate for the present purposes of examining 
global power balances. 

The RF power can be fixed at a constant level, or varied with a 
programed time dependence, or it can include a feedback scheme. The constant 
temperature ramp rate Is fixed by the linear feedback scheme with feedback 
power, Pfdhir* based on the equation: 

Pfdbk • "'net + Pramp + TT ~ x " ? < 2 8> 
r cfn fdbk 

* • » " Pnet - Pfu. + Poh " Prad 
P_aap » power required for desired temperature ramp rate 

* (kr<n>V ) and k is the. desired ramp rate input 
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E => actual plasma energy present. 

- 3<nT>V fori <n> - « n > + <n,»/2 
p e l 

<T> - « T > + <T,»/2 e i 
E r a m • present plasma energy for desired ramp rate 

™ ^ramn * t^ ^ o r ' " current time 

T f * global confinement time 

- 3<nT>/P„ 
tr 

T..... » feedback scheme response tine 
d m c (fixed input, default * 0.4 sec) 

3.3.2.3. Plasma Transport Power Loss 

3.3.2.3.1. Conduction and Convection. The transport power loss contains the 
largest uncertainty In the plasma power balance due to uncertainty in the 
energy and particle confinement scaling laws. This is especially true when 
the results of derived scaling laws are extrapolated to the regime of an 
ignited power reactor. As such, our calculatlonal model has allowed for a 
range of scaling laws and simple relations between ion and electron s calf tigs 
and between particle and energy confinement In order to easily interpret the 
differences In results between the scaling laws examined here. Since the 
scaling laws are often in the form of an empirical relation involving global 
plasma paramters, this code utilizes global averages of density and 
temperature when computing specific confinement times. 

We assume that total transport loss, p t r , can be written for electrons, 
e, and for an average fuel ion species, 1, simplified for global averages as: 

3 e e ^ 3 e e , 3 1 1 3 1 1 ( 1 9 \ 
p t r " 2 — + 2 ^ ~ + 2 7~ + I —= ( 2 9 ) 

pe 
TEe * \ < *U 

Each of these confinement times can be simply related to a given 
experimentally (or theoretically) determined confinement time from a global 
scaling law, T , which is generally evaluated from the equation: gs 

ptr PINJECTI<W T— ( 3 0 ) 

g* 
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For the typical case where n ~ n. and T ~ T., comparing Eqs. (29) and 
(30), the following relation must hold: 

J_-1 <J- + J_ + J- + : J _ ) . ^ _ (31) 
Tgs L Tpe TEe Tpi TEi ^Eff 

which says that the global confinement time, x , will be twice the effective 
confinement time, i F „ . Thus, one can vary each of the confinement times in 
Eq. (29) as a fraction of the global confinement, such that Eq. (31) is 
satisfied, and while simultaneously, the experimentally determined constraints 
regarding the relative magnitude of T ., T , T E i, and T E are satisfied. 
Since these relative magnitudes are only roughly known from experiments and 
there is considerable uncertainty here, we selected the following relations as 
appropriate to test the relative merits of the confinement scaling laws 
examined in this study* 

We let T » T_ since the electron energy transport is considered the 
major transport loss channel. Some experiments indicate that energy loss 
times tend to be 10-100% of particle loss times, and we allow electron and ion 
particle loss rates to be similar. We have taken T , ~ T ~ 5 T . As * pi pe gs 
the T values increase, the fuel source required at a given operating point 
decreases. In order to satisfy Eq. (31), we must then let T ^ ~ 1.67T for 

aX gS 

the above values of i- , T . and T . In this case, the ion energy loss is 
nearly as large as the electron energy, which corresponds to an anomalous ion 
energy loss. This is consistent with recent experimental observations on 
Doublet-Ill. [33] If we had selected T_ to be smaller, i.e., less 
than T , then T„. could be relatively larger corresponding to smaller 
(neoclassical) ion energy losses. 

3.3.2.3.2. Ripple Loss. Early studies showed that the ion energy transport 
power loss due to Ions trapped in the ripples of the toroidal magnetic field, 
and to the banana trapped ions, has a strong temperature dependence. [34] 
More recently, the ion ripple loss has been found to exhibit the T 3^ 
dependence only up to about 5 keV and to roll off and even decrease above that 
temperature. [35] Thus, in the reactor operating temperature range the net 
ripple transport losaee are likely to be orders of magnitude less than 
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previously predicted and so, much less than the anomalous energy confinement 
lossesi For this reason, ripple loss was omitted from our time dependent 

9/2 model. However, since ripple loss varies as 5 , where 5 Is the percent of 
field ripple, it may still be useful as an active thermal control mechanism, 
in which some of the saddle coil currents can be varied to Induce larger 
ripple loss. [35] 

3.3.2.4. Radiation 

Radiation power loss is integrated over the plasma profile using Eq. (27) 
where: 

prad = Pbrem + Vnc ( 3 2 ) 

and 

Vem * 4'8 * 10"43' V r ) V r ) Z . H ' Te°' 5 < 3 3 a> 
p * 6.2 x L0~ 2 3- B . r 2« K . R, . n (r)T (r) *sync a f e e 

f 1 , + ~H6~ + *"} (33b) 

where the synchrotron radiation parameters include: 

K 3 » plasma absorption coefficient 
- 5 x 10" 3' T (r)1*5/(6.025e-17 • n (r) • a/B ) 0 , 5 

e e r 
and: 

R f - (1 - R ) 0 ' 5 - 0.22 (for reflectivity, R - 0.95) 

3.3.2.5. Ohmlc Heatijg 
Ohaic heating power density is taken to be: 

P 0 H<MW/m 3) - 1. x 1 0 _ 6
n | j 2 (34) 
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The parallel resistivity, n,, for a tokamak Is calculated from the Spitzer 
resistivity, TI : 

sp 
n s p - 2.4 x 1<T 9. Z e f f

2 In A e / T e
: ' 5 , (35) 

and using the neoclassical correction factor: 

n, * n a p/(l -1.95(a/RQ) + 0.95 • (a/RQ)) (36) 

To evaluate the total o funic heating power, Eq. (35) for resistivity is 
evaluated at the plasma averaged temperature and density, and the average 
current density is used in evaluating the ohmic heating power density [Eq. 
(34)]. 

3.3.2.6, Rethermallzatlon 
Electron-Ion power exchange or rethermalizatlon power is integrated using 

Eq. (27), where: 

« 1 <«> (r)T <*) - n.(r)T.(r)) 
p (Mtf/mJ) - f — S $ —i i (37) 

ie 

and 

T l e - 1.0 * lO 1 9- ( M j / M p r o t o n ) • T 3 / 2/(n.lnA) (38) 

for S.I. units, except T(r) in KeV. 

3.3.3. REFERENCE DEVICE 
For purposes of illustration, we use INTOR, the International Tokamak 

Reactor, [35J as a reference device, which is designed to meet steady-state 
performance criteria based on its objectives. Since the main objectives of 
IBTOR are to demonstrate net power production beyond the present generation of 
tokaaaks and to assess critical physics and engineering issues related to the 
tokamak reactor, the device design is not optimized. As such, the parameters 
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of INTOR are listed in Table I. We emphasise here that one of the aims of 
this work is to assess the Impact of startup and fractional power operation 
requirements on a fusion reactor design based on delivering its rated full-
power performance parameters. We fully expeit that the results of our 
analyses could unfold critical physics issues that imply modifications and 
further optimizations of conventional reactor designs. 

TABLE I 
BASIC DEVICE PARAMETERS 

INTOR/UCLA 

MAJOR RADIUS (M), R Q 5.3 
MINOR RADIUS (M), a 1.2 
TOROIDAL FIELD, B (T) (ON AXIS) 5.5 
STEADY STATE CURRENT (MA) 6.4 
ELONGATION, K 1.6 
CYLINDRICAL SAFETY FACTOR, Q 2.1 
CRITICAL BETA (7.) 3.5 
MAXIMUM DENSITY (10 2 0m~ 3) 1.5 
THERMAL CYCLE EFFICIENCY, Hj^ 0.35 

AUXILIARY POWER SYSTEM EFFICIENCY, ^AUX 0.55 

OHMIC POWER EFFICIENCY, n„„ 0.95 

ADDITIONAL BASE-LINE POWER REQUIREMENTS, P M S 150 MW 

BLANKET MULTIPLICATION, M 1.2 
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3.4. STEADY STATE ANALYSIS 

Due to the uncertainty In tokamak confinement scaling and how It extra
polates to reactors, we have studied the problem of fractional power operation 
using four plausible scaling laws, namely: (I) neo-Alcator, (11) Golds ton, 
(ill) Ohkawa and (lv) D-III. For each scaling law, we present the POPCON plot 
using the standard parameters of I NT OR (Table I) and discuss the ll3t of 
possibilities for varying the fusion power output. A simplified steady-state 
version of the code described in section 3.3 is used, in which <T^> - <T e> • 
<T>, <nj_> • <n e> * ';''>> <n > - 0 and instantaneous o-thermalizatlon is 
assumed. 

3-4.1. NEO-ALCATOR SCALING 

Shown in Fig. 1 is the POPCON plot for INTOR with neo-Alcator confinement 
scaling, given by Eq. (1). Contours of P a u x , Pf u s and <B C> are plotted. We 
observe that full power (500 MW) operation brings the plasraa way above 
ignition and Is limited by < B > • 3.4%, spanning a parameter range of <T>= 
5-15 keV and <n>-0.65-2.xlO20nT3, between points A and B in Fig. 1. It is 
also evident that a burn control mechanism is necessary to keep the plasma in 
equilibrium along the full power contour, particularly if the <p> limit Is 
disruptive. Operation at <B> < 0.9 <g > may be necessary. On the other hand, 
if the <S> limit Is soft, T„ IS expected to deteriorate as <(?> approaches 
<B > until a stable equilibrium is reached. It is speculated, and not 
entirely impossible, that the soft <P> limit may be used as a passive thermal 
stability control mechanism, and with programmed density and auxiliary power, 
may serve as a "knob" for fusion power control. 

Referring to Fig. 1, reactor operation at 50% and 253 of rated power can 
be achieved at points C and D respectively, along the ignition boundary. We 
note that point D is unstable while point C is only marginally stable. To 
ensure thermal stability, points C* and D' are suggested, requiring 5 and 15 
MW of auxiliary driving power respectively. Apparently there is a tradeoff 
between driven operation (finite Q - pfus^ paux^ a n d t h e n e e d f o r b u r a 

controlt However, if full power operation requires burn control anyway, the 
obvious choice will be points D and C for 25% and 50% power operation. 
Likewise, If passive control via "soft" beta limit is available for full power 
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Figure 1 P0PC0N plot of auxiliary power P a u x , fusion power P f u 8 and critical 

beta <6 > over <n>-<T> space, for an INTOR-llke tokamak with 
parameters listed In Table 1. Neo-Alcator scaling Is used. Solid 

'•*'• paux ( M W^' d a s h e d lines: P f u s (MW) and dotted line 
'.. Arrowed dash-dotted lines Indicate possible traj< 

lines: 
3.W. 
transition from 2SZ to 502 rated power. 

<B > 
possible trajectory for 

operation, points D' and C will be the preferred equilibria for maintaining 
25Z and 5QZ fractional power. . 

Based on the hybrid transformer mode of operation, we can envision a 
likely scenario for transiting between power plateaus. For example, let us 
take the case of transiting from 25Z to 50Z of rated power and we are 
Interested in going from point D to point C. From point 0, we may turn off 
the fueling to bring the plasma down from ignition and both <n> and <T> will 
drop with a characteristic tine of T„. At the same time, the current I„ will 
decrease with a resistive skin tine of T * L/R , where L is the plas»a 

8 p 
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Inductance, R p is the plasma resistance and T E « T usually. When <n> decays 
to below 3 x 10 m~ 3, 10 Mtf of lower hybrid power for current drive is 
switched on. The rate of density drop will be controlled to slowly bring the 
plasma to point E, when the plasma current will be totally driven by RF. The 
point E is determined by the empirical lower hybrid current drive efficiency 
formula: [36] 

•=2-{A/tf) * „ °'\l N (39) 

where <n 2 0> is in units of 10 Z Om~ 3, and by global power balance, assuming all 
the RF power Is dissipated in the plasma. Substituting I - 6.4 MA and P R F -
10 m into Eq. (39), we obtain <n> - 4.5 x 1 0 1 8 m~ 3 and <T> - 3.2 keV at point 
E from power balance. To reach point G after recharging the transformer 
primary, we increase the ion fueling rate and turn on the auxiliary heating 
power while removing the RF current drive power. In a highly programmed 
fashion, the plasma can be brought to the equilibrium point C by increasing 
the density to and maintaining it at 5 x 10 1* m . The trajectory for the 
whole procedure is shown by the dashed curve DEC in Fig. 1 with the arrows 
pointing in the appropriate direction. Clearly, a more detailed, time-
dependent analysis is required to determine the exact path of this 
operation. Note also that during this process, at most only 10 MM of P a u x for 
heating and 10 Mtf of P^ for current drive are involved, which are well within 
the power requirements for tba full power steady state design. 

3.4.2. GOLDSTON SCALING 

The main feature of GoIdaton empirical confinement scaling, as given by 
Eqs. (l)-(3), Is that it describes correctly two experimentally observed 
phenomena: (1) for an ohmically heated tokamak, T„ rises with density but 
saturates above a critical value; (11) for tokanaks where P a u x/PQH ^ *» T E 
drops with P a u x . When extrapolating to a reactor plasma, the issue of how the 
energetic alphas may affect global confinement becomes critical. Using a 
phenoaenological argument, it can be Inferred that the effect of alpha power 
may be similar to that of auxiliary heating power, In which case very 
pessimistic predictions may result. On the other hand, anomalous absorption 
by the background ions may reduce the turbulence level to a minimum with the 
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result that overall confinement is unaffected. In the absence of any 
experimental data In this regard, we will examine two extreme cases: (i) 
confinement without alpha degradation, and (ii) confinement with alpha 
degradation. 

3.4.2.1. Confinement without Alpha Degradation 
Using Eqs. (2) and (3), we can rewrite the plasma power balance equation 

^^toJ^tOt^a' (*°> 

where W - 3<nT>V is the total plasma energy, P £ o t - p
a u x + p o H ' v * 

2 (T„./T ) /P,. _ and P ' * P - P .. We note here that since T„ is dependent NA aux tot a a rad E r 

on P a u x , it opens up an avenue for controlling T E via an external means. To 
illustrate this notion, we first point out that, with Goldston scaling, the 
ignition curve is obtained by substituting P a u x"0 in Eq. (40), given 
explicitly by 

8 ° H TNA 
-1/2 with T ' - T M . { 1 + v P l . For nonzero P„„_, the solution to Eq. (40) 

HA MA UH «*UA 
given <n> and <T> is divided into two regions: subignition and Ignition, as 
illustrated in Figure 2. Below ignition, the plasma equilibria are given 
solely by the solution ? a u x"p2» a s a n o w n i n *!&• 2(a). The corresponding 
P0PC0N plot is depicted in Fig. 3, using the standard INTOR parameters in 
Table I. Comparison with Fig. 1 indicates that the ignition boundary is only 
slightly modified from that for neo-Alcator transport, since T„, = T^.' near 
ignition. However, due to the deleterious effect on confinement by auxiliary 
heating, the power required for driven equlllbrluii is increased by 
approximately tenfold. Practically, all these equilibria are inherently 
thermally stable, since P a u x la comparable to P and dominates the overall 
heating power. Figure 2(a) also shows that P a u x > P2 has to be satisfied at 
all points along the path to Ignition. This implies that within this plasma 
model, at least 100 Mw of auxiliary power is required to ignite an INTOR-llke 
device, as shown in Fig. 3. It Is proposed that the finite thermalizatlon 
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Power i 
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Case B. R/ + PO H < W / rH A' Ignition 
Figure 2 Typical dlagraa of power balance terms as a function of auxiliary 

power P a u x > with a Golston transport aodel without alpha degradation 
for (A) sub-ignition and (B) ignition, for a given <n> and <T>. 
pau* " pl * n d PMUIC " p2 * r* solutions to the power balance equation 
(227, 
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Figure 3 Sane as In Fig. 1, except that Goldstoa scaling without alpha 

degradation Is used, I.e., P t oj; * paux + P0H' 

tine T of the alpha particles can be utilized to somewhat reduce this power 
requirement. This scenario will be studied in the following section. 

The conditions and requirements for full and fractional power operation 
with Goldston scaling are similar to those with neo-Alcator confinement, 
except that the auxiliary power required for driven equilibrium are much 
higher. Therefore, there is much incentive in locating the operating points 
on the ignition boundary, even at the expense of a costly feedback 
stabilization system. 

With Goldston scaling, it may be possible to use a modest amount of 
injection power to control the burn well above ignition. Shown in Fig. 2(b) 
are the solutions Pj and P 2 (T?2 > P t) for Vaax in Eq. (22) for <n>, <T> which 
satisfies the ignition condition: P '+ P_ H > W / T ^ ' . Contours of constant 
p«ux" Fl * r* *hoim as dashed curves in the POPCON plot of Fig. 4. It is 
evident that full power operation can be maintained with auxiliary power not 
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more than 15 MH. For <T> > 12.5 keV above ignition, these "driven" high Q 
equilibrium points may actually be thermally stable. Unfortunately this 
stable region Is limited by the nihd critical beta. However, an important 
prerequisite for this scheme to work is that the effect of the alpha power on 
confinement is small coapared to that of the driving power which la usually 
less than 10? of P . Concrete experimental data is needed to determine the 
validity of the schene. 
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Figure 4 Sane as in Fig. 3, except that contours of modest auxiliary ppwer 
above the ohalc Ignition boundary, given by P a u x • Pj in Fig. 
2(b) • These contours are shown as dashed-dot lines and the labels 
are in Mtf. 

3.4.2.2. Confincnent with Alpha Degradation 
Full account of alpha degradation of confinement can be taken by solving 

the aquation 

— [ l + v(P t + P ) ] ^ - P ^ ^ + p ' T „ . l tot a ' tot a 
nA 

(42) 
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for P a u x given <n> an <T>. The result Is given by the POPCON plot In Pig. 5, 
where we note that (1) Ignited operation is not available, and (11) even for 
driven reactor mode, the auxiliary power Is considered too high to make the 
INTOR-like machine economically viable. This highly pessimistic extrapolation 
to reactors underscores the importance of the need to understand the behavior 
of alpha particles in a burning plasma and, in particular, how they affect 
confinement. 

2.oq-

O.OCK 
0.0 2.5 5-0 7.5 10.0 12.5 75.0 17-5 20-0 

<T><keV) 
Figure 5 Same as in Fig. 1, except that Goldston scaling with alpha 

degradation la used, i.e. P t o t * P a u x + P 0 H + P a. 

3.4.3. OHKAHA SCALING 
The OWtawa [2] empirical scaling law, as given in Eq. (6), can be 

rewritten as 

TE,0K " TE,0H^ + P*ux/F0\l> 
r 1 / 2 (43) 
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where ^ 0 H< 9-> " 6.32xI0~22 <n e>(nf 3) R 2(m) a(m) q/<T e>~ 1 / 2(keV). We note 
that T_ _„ and T_ „ have roughly the same form for P a u x » P Q H - However, for 
an ohmically heated plasma, T„ _„ • t„ rtu which Is neo-Alcator like except for 
a <T > - dependence. As a result, the Ignition boundary is markedly 
different fron that for Goldston scaling, as depicted in Fig. 6, where no 
confinement degradation due to alphas is assumed. Because of the 

-1/2 < T > variation, unacceptably high levels of auxiliary power are necessary 
to drive the reactor near or below ignition, particularly for electron 
temperatures above 5 keV. Above ignition, as in the case of Goldston scaling, 
thermal equilibrium, whether or not stable, can be maintained by low levels of 
auxiliary power of the order of a few megawatts. Because of the nature of the 
confinement scaling, marginally viable regimes of operation are limited to the 
low-temperature, high-density portion of the <n>-<T> space. Full power (500 
M O can be maintained at the point <n> - 1 x 1 0 1 4 cm"3 and <T> a 8 keV 
without any auxiliary power. To minimize the auxiliary power requirement, 
access to this point has to be achieved via a high-density path, e.g., for <n> 
« 3 x 10 1* cm - 3, (above Murakami's limit) a minimum of 200 MW Is required [see 
Fig. 6(b)]. It is evident by now that the basic problem with reactor 
operation under this scaling law is that the access to ignited scenario 
requires a very large amount of auxiliary power and an active feedback control 
scheme, which may make this concept economically unattractive. Even if the 
above difficulty is overcome, ignited operation regimes are also extremely 
limited, while the alternative will be the low-Q driven mode. By the same 
argument, fractional power operation, particularly at lower levels «50S!), 
appears to be problematical. 

Inclusion of the fact that alpha power could degrade confinement much 
like auxiliary heating leads to extremely unattractive reactor power balance 
for the INTOR-llke machine. However, substituting for P - P In Eq. (43), 
we can define an Ignition condition 

1/2 1/2 
P T i» P ' 
PL W 

.V2-9/4. » ..__ x „ s . , « K T ) Noting that P /P. « <nXT> ' BR, where <ov> « < T > " W , we conclude that, a L oo 
even with alpha confinement degradation, we can build an ignition tokamak by 
choosing parameters cautiously. According to Eq. (44), we need a reactor with 
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high density, high current, high magnetic field and relatively large size to 
achieve Ignition. 

3.4.4. DODBLET-III SCALING 

An empirical scaling can be used to fit the Doublet-Ill confinement 
experimental data. [9] in which r„ saturates to a constant value if the 
auxiliary power is increased indefinitely. Unfortunately there is no size 
scaling corresponding to this set of data. We assume, as an example, an 
Alcator-like size scaling and, normalizing to a typical D-III parameter set, 
obtain the following confinement law: 

TE G ( a ) * ° ' 1 5 6 ^ ( " A ^ O O K 1 / 2fl + 2.32/P t o t(MW>] (45) 

where we conservatively take the coefficient obtained from L-mode data. For 
this case, we will include the fact that the alpha power is deleterious to 
confinement the same way auxiliary power is, such that P t o t

 = P + paux + 

P 0 H . The POPCON plot for the INTOR-like device (Table I) under the D-III 
confinement model is shown in Fig. 7, where the P f u s • 500 MW and <flc> = 3.4% 
contours are also depicted. Pull power operation has to be run in the ignited 
•ode with burn control required in the event that the beta-limit is 
disruptive. However, fractional power operation can be carried out in the 
thermally stable portion of the < n X T > space with <n> < 6xl0 1 9m~ 3 and <T> 
> 7.5 keV, with plasma 0, in excess of 10. The minimum auxiliary power 
requirement for ignition is 15 MW as long as the density is kept below 
6xl0**a-' during the heating phase. It should be pointed out that the D-III 

-1/2 data can be fitted equally well by a t. « P a u scaling. Thus, higher 
power experiments should be carried out to determine the true scaling with 
paux* 

3.4.5. REACTOR POWER CONTROL 

The ideal reactor would produce the range of desirable power output over 
a region In <n>-<T> apace in an ignited, passively thermally stable mode. 
However, aa evidenced In the previoua subsections, if the first stability beta 
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Figure 7 Sane as in Fig. 1, except that D-III scaling with alpha degradation 

Is used. 

Unit la imposed, such a region will be severely narrowed and, for sorae range 
of power output, driven and/or burn control will be required. To increase the 
region of thermal stability, we may externally induce enhanced potrer loss that 
scales as T H (N > 1) such that the thermally stable part of the Ignition 
contour is raised in <n>-<T> space. Mechanisms that may achieve this Include 
enhanced transport due to toroidal field ripples [34] and radiation loss via 
injection of a high-Z impurity into the plasma. f37J The strong dependence of 
ripple loss on ion temperature above 5 keV is now called into question. [35] 
Even if it exists, the Induced losses could impose an unacceptably large heat 
load on the edge particle removal system. On the other hand, high-Z impurity 
injection may substantially dilute the plasma beta and cause a reduction in 
fusion power output. A. judicious choice of impurity, such as iodine in the 
STARFIRE study, [37] could presumably alleviate this concern. However, a 
recent INTOR study [35] found it impractical because of the short impurity 
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confinement time (compared to the fuel Ions) required and the excessive 
demands on the Injection systems for diagnostics and feedback control. Thu.' 
the effectiveness of this mechanism Is unclear at the present time. 

Turning to the case of driven operation and/or burn control, there are a 
variety of control elements that can be used. Burn control requires "knobs" 
that induce a fast response from the plasma, particularly if It Is inside the 
ignited, thermal runaway regime. The control elements then comprise all 
parameters that can affect the energy balance, such as density, auxiliary 
power, fuel mixture ratio, current, plasma shape and size, radial profiles and 
divertor/Halter operation. The viability of some of these control "knobs" 
has already been mentioned. In conjunction with burn control, direct 
transition between power plateaus, If needed, may be achieved In a highly 
controlled manner. We will explore scenarios of fractional power operation 
using a combination of these control schemes in a time dependent analysis in 
the following section. 

3.5. TIME DEPENDENT ANALYSIS 

We now consider the dynamics of moving a reactor plasma through a 
trajectory Iti <n>-<T> space to reach the point of desired output power. Since 
power operation Is limited to a region near the ignition curve there are two 
distinct ways to approach the fuel power: 1) at lower density with increasing 
temperature, or 2) at lower temperature with increasing density. The first 
approach works in a more thermally stable regime and is thus favorable from a 
reactor control viewpoint, but the second approach permits greater net power 
for a given beta value (i.e., greater maximum power at the beta limit). This 
Is more favorable economically. Time evolutions of plasma parameters along 
these optional paths were studied with the time dependent code. The results 
are summarised In the following sub-sections, starting with the simple case in 
which we assume a 'soft' beta limit. 

3.5.1. SOFT BETA LIMIT 

This case was analyzed assuming Goldston scaling with auxiliary power 
degradation. A 'soft' beta or non-disruptive beta limit was modeled by 

3-32 



making T dependent upon B so tha*-. it degrades rapidly as the (J approaches 
the critical beta limit 0 c, (r(0,n,T) - x(n,T) • exp(-l (P/g )**10)). Near 
the beta limit, transport losses Increase until thermal equilibrium is 
achieved with saturation in beta, and thus restricts further increase in 
temperature. The time dependent analysis confirmed that this case is 
thermally stable at the beta Halt even at points well above ignition. The 
<n>-<T> trajectory for such a case is shown in Fig. 8 followed by the tine 
variations of the major operating parameters, shown in Figs. 9 (a-c). 

At times, t « 0.-11,5 s, the ion source and auxiliary power are varied to 
achieve linear density and temperature ramps in time until ignition is 
reached. [Note that this scenario is not optimized, and that a slower ramp 
rate to ignition would greatly reduce that peak auxiliary power from the level 
shown In Fig. 9(b).] At t » 11.5 s, the auxiliary power Is turned off, 
transport losses decay rapidly with half-life of the energy confinement 
time. At t » 12,5 s, the temperature falls briefly until the alphas 
thenaalize sufficiently to restore ignition. At 13.5 s, the temperature 
increases rapidly through the igntted <n>-<T> space until the beta limit 
of 3.5% is reached. 

0.0 3.S 9.0 7.5 10.0 12.3 1S.0 1T.S 20.0 

TEMPERATURE-KEV-

Figure 8 Denaity-tevperature trajectory for the "soft-beta" case, assuming 
Goldcton scaling and using INTOK parameters l i s t e d iu Table I . 
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Flgure 9 Ca-c) Time dependence of several plasma and operating parameters 
during the trajectory ahowin in *ig. 8. (Note: Net electron power does 
not include the 150 MW base line power.) 
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In the Interval, t » 13.5 - 18. s, the density continues to Increase at a 
constant rate, and the operating point moves up In density along the isobaric 
contour at the beta limit. This isobaric movement is stable, and thermal 
equilibrium exists at all points. At t • 18.0 s, a preprogrammed control 
sequence causes the steady-state plasma current to drop by 10%, which forces 
the beta limit and thus the temperature to decrease at constant density 
accordingly to the new lower Troyon beta limit. In the last Interval, t • 
13.2 - 20. s, the density continues to increase isobarically along the contour 
at the new beta limit of about 3.22. 

This operating point remains thermally stable at all times for any 
specified density up to the Murakami density Unit. It is important to recall 
that as we Increase the <n>-<T> point isobarically in density we are also 
increasing the net reactor electric power output. 

Trajectories in <n>-<T> space for this case can be controlled by varying 
the ion fuel source, and thus moving up or down in density along the Isobaric 
contours. The contour for the desired trajectory can be varied by changing 
the beta limit. Assuming a Troyon beta limit, a lower value can be achieved 
by lowering the steady state plasma toroidal current, which will then in turn 
shift the beta-limited operating point to a lower temperature at constant 
density. It is, therefore, clear that a 'soft' beta limit, if it exists, can 
provide an excellent scheme for passive feedback burn control. 

3.5.2. ACTIVE FEEDBACK CONTROL FOR THERMAL STABILITY (IN THE LOW DENSITY HIGH 
TEMPERATURE REGION) 

Two trajectories are shown for Goldston scaling; the first, in which 
thermal equilibrium is not achieved, is shown in Fig. 10, and the second, in 
which equilibrium is achieved, is shown in Fig. 11. The time evolutions of 
the key parameters for the second case are then shown in Figs. 12 (a-g). 

In both cases, once Ignition is reached, density is controlled so the 
operating point remains on the ignition curve. This point is thermally 
unstable and so the temperature drifts, slowly increasing. When 10 keV is 
exceeded, the feedback system is programmed to decrease density further by 
•imply cutting off the ion fuel source until the operating point falls out of 
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Figure 11 Denalty-temperature trajectory for feedback scheme maintaining 
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ignition and the temperature is allowed to swing back down below the 10 keV 
point. Once below 10 keV, the ion fuel source is turned on again so that the 
density is increased, and auxiliary power is added to return to the ignition 
curve. This is apparent in the first trajectory, shown in Fig. 10. Using 
this siaple feedback scheme, and owing to the slow thermal response time of 
the plasma in this regime, the <n>-<T> trajectory does not equilibriate 
quickly. The first trajectory returns to the ignition curve at a higher 
density value and well below the 10 keV trigger point (indicated as point A in 
the figure). From here, ignition leads to thermal runaway. Even with no Ion 
fuel source, the density does not drop fast enough during the temperature 
excursion to bring the operating point back out of ignition again, before the 
plasma beta limit is exceeded. This example illustrates the extreme thermal 
instability of the ignited region at low temperatures and high density. 

In the second trajectory (Fig. 11), the density is dropped only slightly 
below the Ignition contour at the 10 keV trigger point. The slow temperature 
excursion falls below 10 keV while a constant density is maintained in the 
marginally subignited region. Then, when the density and auxiliary power are 
increased again, the trajectory returns to the ignition curve at an adjacent 
<n>-<T> value. Repeating this cycle, the operating point oscillates about T * 
10 keV in an actively controlled thermal equilibrium, as seen clearly in the 
temperature verses time plot in Fig. 12(a). If the plasma temperature ramp 
rate was maintained well below this thermal response time, the oscillations 
about the <n>-CT> equilibrium point could be entirely avoided. 

The analysts confirmed that active feedback can be used to maintain a 
thermal equilibrium point just below the ignition curve. Modulating the ion 
fuel source in order to maintain the density at a point exactly on the 
ignition curve is insufficient to fix the operating point because equilibrium 
points on the ignition curve in this case are thermally unstable, and the 
temperature will slowly increase while the operating point remains on the 
Ignition curve. Thus, thermal equilibrium requires an operating point just 
below the ignition curve which must be maintained by a synchronized feedback 
of both the ion source and the auxiliary power. 

The thermal response time of the plasma near ignition is slow (several 
seconds) owing to the small net power. The simple feedback scheme uaed here 
resulted in large fluctuations in the net power output due to the pulsed 
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auxiliary power. It Is believed that a more sophisticated feedback scheme 
with proportional control could be used to reduce the output power 
fluctuations to acceptible levels (and this should be Investigated in future 
work)• 

If we had assumed that confinement time degrades with auxiliary power the 
feedback scheme is expected to be similar but with larger amounts of auxiliary 
power required as the plasma drops marginally out of the Ignited mode. In 
that case, a good feedback scheme would be even more essential in reducing 
output power fluctuations, and It may be difficult to reduce the power 
fluctuations In that case to acceptable levels. 

In these cases, thermal equilibrium can be maintained at any point near 
ignition up to the beta limit which determines the maximum power output 
value. Transition between fractional power levels is relatively simple. By 
shutting off the feedback scheme when marginally subignited, the temperature 
and the net output power level will drop. By shutting off the feedback when 
marginally ignited, or by naintaining the density exactly at ignition, then 
the temperature will rise and with it the reactor power will Increase in a 
controlled manner. 

3.5.3. ACTIVE FEEDBACK CONTROL FOR THERMAL STABILITY (IN THE HIGH DENSITY, 
LOW TEMPERATURE REGION) 

For the case where confinement it independent of heating power, we were 
unable to maintain thermal equilibrium In this <n>-<T> region even with active 
feedback control working to keep the operating point marginally sub-ignited. 
This confirms expectations that the region is unconditionally thermally 
unstable. For thermal stability one would have to move to a point on the lo>* 
power tide of the hump in the sub-ignited auxiliary power contours, and would 
thus and up with a driven device operating In a region far from the desired 
net power output contours. 

On* may operate In this igi.lted region, however, if confinement time 
degrades with increasing auxiliary po"er. Mee dependent studies confirm that 
thermal equilibrium can then be maintair;d by supplying the appropriate amount 
of auxiliary power. Adding auxiliary p-jwer can increase the transport losses 
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so .-ajiatically that the temperature of the plasma decreases, while cutting 
back on the auxiliary power will improve transport losses so that an Ignited 
regime ia again reached and the plasma temperature Increases. Large 
fluctuations In output power again result from the simple act've feedback 
scheme, but a more sophisticated scheme should alleviate this problem. The 
operating point will be bounded by the Murakami density and by the Xroyon beta 
limit. 

The <n>-<T> trajectory is shown for such a case in Fig. 13, followed by 
the tine dependent variations of operating parameters in Figs. 14 (a-g). The 
density and temperature are ramped linearly as in the previous case, but much 
larger values of auxiliary power are now required. These values could be 
reduced significantly if allowing for smaller temperature and density ramp 
rates in time. Once the operating point is above the otimic ignition curve (at 
about t - S s), the auxiliary power is modulated to maintain thermal 
equilibrium. Density increases until t s 10 seconds, then the source is 
adjusted to maintain a constant density at n - 1.5 x 10"* m . 

Reactor power output fluctuations, in Fig. 14(g), would be large in this 
simple scheme, because of the large fluctuating power requirement on the 
auxiliary power feedback system. These power fluctuations cannot be reduced 
when operating at a point well above ignition to the extent shown In the 
previous case. Still, to some extent not yet determined, the observed power 
fluctuations can be reduced by refinement of the feedback scheme. 

Fractional power operation in this mode is varied by changing density 
possibly along a contour of constant plasma equilibrium power. This mode 
requires additional work to clarify the conditions required to avoid thermal 
runaway. An important consideration for reactor operation in this mode is 
plasma control following a loss of auxiliary power. Such a loss would lead to 
an uncontrolled temperature excursion which night lead to a disruption as the 
plasma beta approaches the beta limit, unless a 'soft beta' limit prevailed. 
A counter argument might be that only about 20-30 MW of auxiliary power are 
required to maintain thermal control, but much more power, (>100 MW) may be 
required to reach ignition. Thus, a "back-up" system of auxiliary power would 
be Available to arrest a thermal runaway following the failure of the primary 
thermal control system. Thermal runaway times are on the order of seconds, so 
this back-up system could be implemented practically. Overall, however, the 
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large magnitude of plasma power required to be removed for thermal equilibrium 
in this region makes it very thermally unstable, and thus undesirable as an 
operating region. 

3.5.4. CONFINEMENT DEGRADED WITH TEMPERATURE 

Confinement time may be scaled to degrade with increasing temperature or 
with increasing auxiliary power. Since these are intimately related, it is 
probably not appropriate to assume confinement time degradation with both 
simultaneously. The ohmic confinement time of Ohkawa [T_ fl„ in Eq. (43)] 

—0 5 showB a uependence of T , which can be seen in Fig. 6(a) to provide an 
ignition curve with a slight positive slope with temperature above about 10 
KeV. This assures passive thermal stability, provided that the density can be 
held constant In that narrow range (~t.l -1.2 x 10 2" m--*) where the desired 
positive slope of the ignition curve exists. 

This passively thermal stable region was examined in a series of time 
dependent runs at constant density. Temperature versus time results are shown 
in Figs. 15 and 16. Figure 15 ehows <T>(t) for three sweeps, at different 
values oE constant density. Figure 16 shows <T>(t) for <ti> • 1.1 x 10 2 0a , 
which was the minimum density required for ignition. The three runs here 
differ after t = 30 seconds, when the fueling ratio, deuterium atoms per 
tritium plus deuterium atoms, was reduced to decrease fusion power. 

Examining first Fig, 15, runs at average density less than 1.1 x 1 0 2 0 m~ 3 

did not reach ignition. The constant temperature ramp at early time in each 
case is the subignited region driven by feedback control to auxiliary power. 
The time dependence in this case of the ohmic and required auxiliary power are 
the same as that superimposed in Fig. 16, with P o H ^ a n d paux^t'> d r a w n 

qualitatively only. For higher density values in Fig. 15, ignition is 
achieved at lower temperatures. This Ignition point is where the linear temp
erature ramp stops when auxiliary power is shut-off, and the plasma drifts to 
its own thermal equilibrium. As density Increases from 1.1 to 1.2 x 10*" m , 
the plasma equilibrium temperature Increases from about 17 to 24 keV (assuming 
we are not restricted by plasma beta for this point). This seems to imply 
fairly accurate density control would be required to control plasma temper
ature relying on passive control in this regime. Also, the minimum stable 
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Figure 15 Temperature versus time for cases of different constant density 
(Ohkawa scaling - ohmic term only). 

0.4 

Figure 16 Temperature versus time for cases of different f D, the deuterium 
fraction of the ion fuel, at constant average density of 1.1 (10 
m~ ^ ) . The time dependence of the ohmir. power and the auxiliary 
power curves are superimposed in a qualitative manner, 
is at t ~ 20 s (Ohkawa scaling, ohmic term only). 

Ignition 
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Ignited temperature possible in this manner is about 15 keV. Equilibrium 
points at lower temperatures are In a sub-ignited and thermally unstable 
region. 

Figure 16 shows that at the minimum ignition density of ~ 1.1 x lO* m J 

we can reduce the equilibrium temperature to less than 15 keV, about 12-13 
keV, by changing the fueling fraction from its value for optimal power 
density, 50ZD/50ZT, to about 40ZD/602T, reducing P by about 5Z. Further 

ot 

reducing the fueling ratio, e.g., to 30XD/7Q2T causes the reactor plasma to 
fall out of ignition as shown. The consequences of these findings to power 
operating scenario are discussed further in section 3.6. 

Without the non-disruptive beta limit, passively thermal stable operating 
regimes can be obtained by a driven sub-ignited reactor or by a temperature 
dependent confinement time (e.g., Ohkawa's scaling). Recent studies Indicate 
that ripple-trapped particle banana modes do not offer the strong temperature 
dependence, as previously thought; thus, ripple losses do not guarantee a 
passive thermal stability. The mechanisms which decrease confinement with 
increased temperature need additional study since they could be used to effect 
passive thermal stability control. Since temperature dependent confinement is 
not assured and the driven reactor may prove less economically attractive, we 
Investigated active control points near the ignition curve in the 
representative confinement scaling given by Goldston. 

Overall, the consequences of several possible confinement scaling laws on 
reactor operations at full and fractional power were investigated by examining 
relevant operating parameters in a steady-state region of density-temperature 
space and by following several time dependent analyses. The results suggest a 
range of methods for operating at different power levels and for transiting 
between adjacent power levels depending upon the confinement scaling in 
effect. Thermally stable operating points are limited to the sub-ignited 
regions and the marginally ignited regions along the low density side of the 
ignition contour. unless a soft beta limit applies or confinement has a 
significant temperature dependence, a marginally Ignited tokamak will need an 
active feedback control of auxiliary power and fuel ion injection in order to 
maintain thermal equilibrium at a point corresponding to the desired 
fractional power output of the tokamak reactor. 
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3.6. FRACTIONAL POWER OPERATION SCENARIOS 
We choose to present possible operating scenarios as trajectories In <n>-

<T> space superimposed upon contours of net electric power, Pne»-. The assumed 
values used to calculate P n e t are listed in Table I, and P n e t is defined as: 

net th v a a aux OH aux aux 

The value of P b a g - 150 MW is consistent with the INTOR (1982) value of 200 
MW, which also includes P /n and P^T/TW,. The plasma heating power and 

* aux aux OH OH r " 
the blanket multiplied neutron power, 4-M-P , are recovered at a single 

a 
thermal efficiency, n . 

3.6.1. CONFINEMENT AND AUXILIARY POWER 

The trajectories for the two cases, namely confinement scalings 
independent of and dependent upon auxiliary power, are taken directly from the 
results in section 5 and ate shown together in Fig. 17. Net electric power 
(positive and negative value) contours are included as well as beta values 
of $ - 3.5Z, and £ - hX and the ignition curve, P a u x - 0, for Goldston 
scaling. 

This illustrates the dilemma of an optimistic Ignition curve. Ignition 
Is achieved when the reactor has a net electric power output of about -100 MW, 
or 100 MW are needed to sustain operation. This is primarily due to the 150 
MH assumed as a base-line or constant load requirement, thus the reactor is 
actually putting out about 50 MW of electric power near ignition. 

For confinement time independent of auxiliary power (trajectory A), 
thermal stability restricts operation to points along the lower right side of 
the ignition curve. In this case, the full ignited reactor range of power is 
from about -100 MW to -60 MW. These points are stable only with active 
feedback of the ion fuel source and auxiliary power. Regions of greater power 
output are only accessible for stable operation if the ignition curve can be 
raised by Increasing transport or radiation losses. 
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TEMPERATURE-Kev-

Figure 17 Operating point trajectories in <n>-<T> space for two cases 
superimposed on the net electric power contours. The Golds ton 
(ohmic-only) scaling ignition curve and two beta value contours 
are also shown. 

Trajectory B depicts the case for confinement time degrading with 
auxiliary power. In this case, feedback of the auxiliary power allows for 
active thermal control above the ignition curve. All <n>-<T> points can be 
made stable with feedback up to the beta limit, thus all positive net power 
levels up to that limit are accessible. For the assumed S '3.5% and 

max 
<n> x ~ 1.5 x 10 m this reactor can operate along the 200 MW contour. 
However, this contour is for the Ignited case and does not consider the 
auxiliary power needed to maintain the thermal equilibrium. It was found In 
the previous section that about 25 MW of auxiliary power was needed at the 

20 -3 equilibrium position, <T> ~ 6 keV, <n> ~ 1.5 x 10 m . At this density and 
the temperature corresponding to the beta limit of 3.5Z it is estimated about 
50 MW are needed for thermal stability so the 200 MW contour there would be 
effectively reduced to about 150 MW. If the reactor were assumed to have 
larger stable beta, e.g., 0 - 5Z. then correspondingly larger net output power 

i 
to 

z 
Ui 
a 
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could be achieved but proportionately larger auxiliary power would also be 
required to maintain thermal stability. 

3.6.2. TEMPERATURE DEPENDENT CONFINEMENT 

The time dependent studies described in section 3.5.4 can be summarized 
on a net electric power contour plot as shown in Fig. 18. Contours of 
beta, 8 « 3.5X and 6 - 5 2 are shown as well as the thermally stable operating 
points along the ignition curve, marked with the heavier line in the figure. 

I—Turn. f„.iii 

I 
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£ 
o n 

o 
T 
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Z lit 
a 

3.5% 

0.0 2.5 5.0 7.5 10.0 12.5 15.0 17.5 20.0 

TEMPERATURE-KEV-

Flgure 18 Operating point trajectories on <n>-<T> space superimposed on the 
net electric power controus for the case of an ignition curve with 
marginal thermal stability. (Ohkawa scaling, ohmic term only). 

The tiToe dependent study showed that the region labeled (Kn>) is 
thermally stable by varying the density against the effects of the temperature 
dependent confinement. The region labeled (Afd) is thermally stable by 
varying the deuterium fuel fraction at constant total fuel Ion density. 
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First, to operate a reactor Cor this scenario in an ignited, thermally 
stable region we must raise a beta limit to 5%, since at 8 < 3.5% there is no 
stable Ignited region accessible. Then, we find there is a minimum power 
point for ignited thermally stable operation (at the left end of the heavier 

on _i 
line, <T> - 14 keV, <n> ~ 1.1 x 10 " a >. Thus, In this scenario, (A, at 
constant density equal to desired operating density) the reactor must power up 
rapidly to this point, with a net electric power output of about 300 MW. 
Alternatively, one could approach this stable operating point from lower 
densities at approximately constant temperature, In which case the reactor 
would be subignited and therefore thermally stable all the way to the ignited 
operating point (labeled 8 in the figure). 

A middle road may be Ideal (C), increasing density along the ohmlc power 
equilibrium contour until the operating point reaches the minimum density at 
which P n e t - 0 for some temperature. At this point, <n> ~ 0.85 x 10 2 0 m , 
auxiliary power is added 4s needed to increase temperature at constant density 
until <T> ~ 14-16 kev. At this point, operation is subignited, therefore 
Stable, and net electric power output is zero, so there is no major penalty in 
staying at that point during start-up procedures or testing. Increasing the 
density now while proportionately cutting back on auxiliary power will bring 
the operating point up to ignition, while increasing net reactor power output. 

3-6.3 OPTIMUM CONFINEMENT CONDITIONS 

Three cases of "optimum" or desirable confinement conditions are shown 
together in Fig. 19, including: an ignition curve with a strong temperature 
dependence (A), an ignition curve which crosses the contours of desirable net 
electric power output (B), and the 'soft' beta case (C). 

A temperature dependent ignition curve (like A in Fig. 19) is ideal In 
that net electric power levels from zero up to the maximum at the governing 
beta limit are thermally stable. This curve might be achieved with T <* aT _ b, 
where comparison to the mild temperature dependence discussed for the Ohkawa 
scaling law indicates that b > 0.5 ia needed. Ignition curves similar to this 
can also be generated by varying the coefficient and the exponent values 
(within reasonable experimental agreement) of a T ~ aP T„ type of scaling. As 
discussed in an earlier section, if a saall fraction of the alpha power 
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0-0 7l5 10L0 12.5 15".0 17:5 20.0 2^5 SlO 

TEMPERATURE-KEV-
Figure 19 Operating point trajectories in <n>-<T> space superimposed on net 

electric power controus for the cases of more desirable ignition 
curves (A,B). This also Includes a trajectory, C, for the 
desirable "soft-beta" case. 

degrades confinement time, then thermal stability is achieved, due to an 
ignition curve of this type. This underscores the need to understand the 
dependence of these values on controllable plasma parameters. The scaling 
dependence on temperature or auxiliary power, and the extent that alpha power 
degrades confinement can vary the ignition curve from the worst case of non-
ignition to the optimal case with passive thermal stability at ignition and in 
regions of desirable net power output. 

The best ignition curve (B in the figure) that may result If an inverse 
temperature dependence of confinement cannot be achieved, would be an ignition 
curve that coincides with <n>-<T> points of zero net power up to the maximum 
desired power output. Any point along this ignition curve could be maintained 
in equilibrium by active feedback as shown in the time dependent studies. 
Active feedback of the fuel source and auxiliary power would be required to 
achieve desirable power output levels. 
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The trajectory depicted In Fig- 8 for the case of a 'soft' beta limit Is 
shown as curve C in the Fig. 19. That trajectory Is extended here to points 
of greater net reactor power along the beta limit contour of 3.5?. Higher net 
reactor power would be achieved if a larger beta limit could be obtained. 

The trajectory jogs slightly as it crosses the -100 MW contour, which is 
the transient effect of alpha thermalizatlon at the point Ignition is reached 
and auxiliary power Is turned off. From there, the ignited plasma goes into a 
thermal runaway, but this is slow because the density is being continuously 
increased, and so too, the plasma heat capacity is increasing. The 
temperature increase continues until the beta limit is reached, where the 
increased transport losses result in thermal equilibrium, arresting the 
runaway at a temperature of <T> ~ 19 keV in this case. The Ion fuel source is 
kept on and the operating point moves to higher density, being constrained to 
the beta limit contour. The plasma current was then arbitrarily decreased at 
<T> ~ 17.5 keV. The Troyon beta limit decreases proportionately and the 
temperature drops rapidly to the temperature of the new beta limit. The 
density then continues to increase isobarically on this new beta limit until 
the assumed Murakami limit on density is reached. 

The operating point can then be varied with temperature at constant 
density simply by changing the beta limit through increasing or decreasing the 
plasma current. It is important to note that all ignited points within the 
density and beta limits are inherently thermally stable, thus eliminating the 
need for burn control. Operating close to the beta limit will allow higher 
levels of net reactor power as we move Isobarically to the low temperature, 
high density region; thus, the maximum power will generally be set by the 
density Unit. In this case, at <^i>max ~ 1.5 x 1 0 2 0 m~ 3 the reactor could 
produce about 200 HW net electric power. 

The problems of thermal stability in reactor power operation disappear if 
a soft beta limit is attainable. The plasma increases its transport losses as 
its beta value approaches a critical beta limit in such a way that thermal 
equilibrium is maintained. A passive mechanism for obtaining a 'soft' beta 
limit based on better understanding of plasma transport properties would be an 
ideal method for power control. On the other hand, an active feedback scheme; 
for instance, increasing ripple losses as the plasma beta approaches its 
critical value, may also be considered. Such a scheme has been examined 
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previously [38] and was found to require large engineering modifications to 
the TF coil systems. However, both schemes involve large amounts of heat flux 
on the outer edge of the plasma that may impact the required heat removal 
capabilities of the divertor/limiter system. A detailed trade-off study 
between the plasma and engineering constraints is needed to address this 
issue. 

3.7. D1SCUSS10HS AND CONCLUSIONS 

It has been recognized that fractional power operation is an important 
consideration in the design of power reactors, whose commissioning requires 
that their power output be brought in stages to their rated lavel for 
equipment testing and safety checks. This work attempts to assess the impact 
of this additional procedural requirement on tokamak fusion reactor design. 
The critical physics Issues related to fractional power operation are 
carefully reviewed within the framework of experimental data obtained in non-
burning tokamaks. Due to the lack of data on burning plasma experiments, both 
"bold" and conservative extrapolations of the plasma confinement model have 
been used in evaluating the reactor performance in the fusion regime. In 
particular, several well-known confinement scalings, such as neo-Alcator, 
Goldston, Ohkawa and Doublet-Ill, have been employed, resulting in varying 
conclusions. 

Since the plasma transport loss dominates the power balance in the 
reactor regime of parameters, the requirements for fractional power operation 
are sensitive to the empirical transport model used in the analysis. In 
general, optimistic performance, characterized by high Q or ignited operation, 
Is predicted for scaling laws for which T_ does not depend on or degrade 
indefinitely with heating power, such as neo-Alcator and D-III scalings. 
However, beta limits in the first stability regime often dictate that the full 
power operating point be located well above the ignition boundary. This 
implies that, if the beta limit is disruptive, an elaborate feedback scheme, 
involving both programmed ion fueling and confinement control, will be needed 
to stabilize the output power. Programmed ion fueling may include changing 
the gas puffing or pellet injection rate, and varying the fuel n n/n T ratio to 
modify the power balance. Control of energy confinement, on the other hand, 
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may be achieved by enhanced radiation induced by injecting appropriate amounts 
of impurities into the plasma, or by simply varying tie confinement sensitive 
parameters, such as plasma size and shape, and current. If the beta limit 
turns out to be "soft," we may be able to utilize this inherent "confinement 
control" to maintain a stable operating point at full power, depending on 
how T„ degrades with <0>. Operation at fractions of full power can be 
accomplished in the low-density, high-teraperature region, with inherent 
passive thermal stability, and either ignited or high-Q operation is 
possible. For driven modes, plasma equilibrium points can be found where the 
required auxiliary heating power does not exceed the minimum power needed to 
heat the plasma to ignition. As for transition between power plateaus, a 
convenient spot at which to achieve this is during the normal dwell phase of 
the hybrid transformer reactor mode. As a result, only the start-up and 
heating procedures to reach these various power stages need to be determined 
individually, once the target operating points are determined. Based on these 
optimistic transport scalings, the physics impact of fractional power 
operation on full power reactor designs appears to be minimal. 

For transport models where T g degrades with P a u x , such as Goldston and 
Ohkawa scalings, ignition can still be reached provided the auxiliary power is 
turned off at a programmed fashion as the plasma approaches the ignition 
boundary. Above ignition, only moderate levels of driving power are needed to 
sustain equilibrium below the critical < |3>. However, these equilibrium points 
are thermally unstable thus requiring burn control with programmed ion fueling 
and auxiliary power. Generally speaking, fractional power can be maintained 
in the low-density, high-temperature, thermally stable regime, as is the case 
for neo-Alcator scaling, except that higher auxiliary power is required to 
sustain equilibrium. Consequently, there may be stronger incentive to operate 
in the ignited mode even for lower fractional power output, in which case 
complex burn control schemes may have to be installed. As with neo-Alcator 
scaling, the impact of fractional power consideration on reactor designs based 

on full power does not appear to be significant. 

If we consider the possibility that alpha heating power degrades 
confinement in the same manner as does auxl.-.iary power for either Go Ida ton or 

Ohkawa scaling, highly pessimistic performance predictions for reactors with 
conventional size and plasma parameters will result. These reactors will 
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definitely not be viable options and are excluded fron further consider
ation. However, there Is a class of tokamak reactors that may exhibit 
desirable features under these highly conservative transport assumptions. 

21 -3 These reactors are characterised by high densities (<n> ~ 10 m ), high 
magnetic field (B ~ 15T), high current (I ~ 10 HA), and ignition is possible 
in these devices. The recently proposed CIT (Compact Ignition Torus) [8] is a 
prime example. Amongst all these analyses, we should keep in mind the fact 
that the effect of alpha particles on energy confinement remains a major open 
question in plasma physics. The answer to this question may significantly 
impact the direction of fusion reactor design and the methodology to operate 
the tokamak at different power levels. The sensitivity of reactor operation 
on alpha particle dynamics also underlines the urgent need for a near-term 
burning plasma tokamak experiment. 

Finally, a series of ignited, feedback stabilized operating scenarios of 
the tokaaak reactor has been identified using a time-dependent power balance 
analysis with different transport models. Again, the ion fueling rate and 
auxiliary power are the two main control "knobs." Maintaining thermal 
equilibrium while varying the reactor power output is often synonymous with 
moving the ignition contour in <n>-<T> space, or simply moving along a fixed 
ignition contour. In most cases, we found that burn control is an integral 
part of the operational procedure for transition between power plateaus. We 
must point out, however, that maintaining thermal stability by turn control is 
itself a non-trivial problem particularly for operation deep into the Ignited 
region. What is clear from this study is that if a reactor is designed with 
burn control required for full-power operation, the impact of fractional power 
operation on the design appears to be Insignificant. 
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4.1. PLASMA POSITION AND SHAPE DETERMINATION 
The rapid calculation of gross plasma equilibrium parameters Is necessary 

In a dynamic system description in order to determine the effects of changes 
in the electromagnetic environment on the plasma. Since this would involve a 
free boundary MHD calculation at each time step, and there are a large number 
of time steps in a discharge simulation, the uae of conventional equilibrium 
calculations is excluded. It is thus required that a new approximate techni
que be developed that can yield the necessary plasma parameters, such as major 
radius, minor radius, elongation and triangularity, tn an acceptable computa
tion time. 

A method has been developed to perform this task. The shape parameters 
are determined from magnetic multiplies of the externally applied magnetic 
field from the polotdal field coils and eddy currents. The pololdal magnetic 
field along the midplsne for an up-down symmetric plasma is expanded In a 
Taylor series [1,2J, 

B p(R,Z - 0) - B 2(H 0,0) * (R - Ro)lR-5-

^2 ,2„ | (R - R o ) * 3*Bz 

' 2 * 2 ! R 
Ro 

Each term is then related to a multtpole by the following expansion, 
R — R R •• R 

Bp(R,Z - 0) - B D + (—p-^jBq + f — — 2 ) 2 B K + ... , (2) 

where R Q is the plasma major radius and a Is the minor radius. Bp, BQ, and B H 

are the dipole, quadrupole, and hexapole fields, respectively. The multipoles 
are then defined as 

BD " W z • 0 ) • 
SB I 

BQ • a i R • 
o 
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2 3B 
R o 

The dlpole field Is the usual vertical field required to restrain the plasma 
from expanding radially. The quadrupole field Is related to plasma elongation 
and the field decay index for vertical and radial stability. The hexapole 
field is related to both triangularity and elongation. A discussion of these 
field raultipoles and their effects on plasma shape is in Refs. [3-5]. 

In order to relate the multipoles to plasna position and shape param
eters, several fixed/free boundary MHD equilibrium calculations have been done 
using NEQ [6] developed at ORNI./FEDC. The plasma shape and position are 
specified and the required coll currents determined. These coil currents are 
calculated interactively with the plasma internal conditions, such as current 
distribution and pressure profile. With the coll currents the poloidal magne
tic field along the mldplane can be calculated and from It the multipoles can 
be determined. These multipoles are then related to the plasma elongation and 
triangularity. 

The results of this procedure are displayed in Figs. 1 and 2. The quad
rupole field shows a cubic dependence on tha plasma elongation and a linear 
shifting in polotdal beta. The i.exapole field is found to have a linear 
dependence on the ratio of triangularity to the square of elongation. These 
are also shifted linearly in poloidal beta. Fitting to these data points 
yields tht= following multlpole to shape correlations, for INTOR parameters, 

B, - -§-2.r-1.488 + 2.543K - 1.338K 2 + . 2 3 5 K 3 + .0066 1 Q 2ira' p ' 
T (3) 

B„ - —S-P-f" -T + 0.0185B -0.01378) , 
K 

where < is the plasma elongation, 5 is the triangularity, $ the polofdal 
beta, I p the plasma current, and a the plasma minor radius. With these 
correlations one can determine the plasma shape by knowing the currents in the 
external colls and eddy currents. At present the dependences of these multi
polar on aspect ratio and plasma internal self-inductance per unit length have 
not been found* 
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Fig, I. Nbniallzed quadrupole field as a function of plasma elongation for 
pololdal beta at 0.0, 0.5, 1.0, 1.5, and 2.0. The lowest curve la 
for pololdal beta and Increases upward. 
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Fig, 2. Normalized hexapole field as a function of triangularity divided by 
elongation squared for pololdal beta at 0.0, 0.5, 1.0, 1.5, and 2.0. 
The lowest curve Is for zero pololdal beta and increases upward. 
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The plasma major radius is related to the external vertical field by a 
modified Shafranov formula, valid for noncircular and M g h beta plasmas. The 
representation Is similar to that used for analysis on ISX-B (7!, 

B - BD ^ 4 f l n8| + « + ̂ | _ 3 , | a* + i | ) 2 ] f ( 4 ) 

where St is the plasma internal self-inductance per unit length. Shown in 
Fig. 3 la the relationship between the vertical field and the quantity 
iff + 1./2). The low beta circular plasma result of Shafranov [8] would 
indicate a linear dependence; however, from equilibrium calculations it proves 
to be quadratic at higher beta. It is also true that for an elongated plasma 
of the same major and minor radius, less vertical field is required compared 
to a circular plasma. The dependence is weak and the quarter power appears to 
show good agreement. 

The minor vadius is determined using a knowledge of the safety factor at 
the plasma edge (the engineering safety factor). This quantity should be 
minimised without inducing instability. Thus in a discharge, one would like 
to control the aafefcy factor. The minor radius is then determined from 

t > f ^ < M ) S m ) ,1/2 
a (m) - I •• •!£-] , (5) 

5BC (T) (L+JL.) 

where q-j- is the safety factor and B c is the toroidal magnetic field at the 
plasma center. 

With a knowledge of the plasma pololdal beta, internal self-inductance 
per unit length, coil and eddy current, plasma current, toroidal field, and 
plasma edge safety factor, the system of multlpole/shape, major radius, and 
minor radios equations can be solved iteratively. However, the iteration 
technique is susceptible to divergence if the vertical field is decreasing in 
major radius, which is the case for circular plasmas. Thus, it is necessary, 
atui actually more desirable, to calculate the major radius by integrating the 
plasma radial velocity. The radial velocity is derived from a balance of the 
above vertical field formula and the actual applied vertical field. The 
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Fig. 3. Comparison of (S) - the linear Shafranov equilibrium vertical field 
expression, (triangle) - the modified quadratic equilibrium expres
sion, and (diamond) actual MHD results averaged for elongations 
between 1.0 and 1.8 and triangularities between 0.0 and 0.2. 
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Alfven time scale motion is neglected and it is assumed that the plasma 
instantaneously equilibrates with the applied field. Dynamically, this 
assumes the plasma moves through a series of equilibria when it moves radial
ly. The same is done for the plasma vertical position. The formulation of 
the radial and vertical plasma velocities will be given in the next section. 

The modeling relies on the premise that the plasma does not have large 
excursions radially or from the midplane. For this to be true, feedback 
control is required to regulate the radial and vertical plasma positions. In 
addition, it becomes necessary to regulate the plasma current in order to 
achieve good position control, AIL three use a voltage regulator with both 
proportional and derivative control. The feedback voltages for the plasma 
position and current are given by 

V R - kR[(R - R Q) + tRRl , 

V z - S f a - V + t f l • (6) 

where k R, kz and k t are gains, and T^, TJ, and T^ are derivative weighting 
terms- The feedback must be sufficient to keep the excursions within some 
tolerance so that the up-down symmetric assumption is a valid representation. 

Examples of the iterative technique for noncircular plasmas are compared 
with free boundary MHD results for INTOR parameters, and are shown in Figs. 4 
and 5. The accuracy ia considered reasonable for examining the dynamic 
electromagnetic effe-.ts on plasma shape and position. Shown in Table I are a 
series of gross equilibrium parameters in time when using the R and 2 
method. Control coils were introduced to maintain positional control. The 
plasma vertical position was kept to less than 0,01 millimeter from the 
midplane. These also show good agreement with free boundary HHD. 
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. 4. Comparison of the multipole method for gross ->lasma equilibrium and 
actual free boundary MHD results for a 1.3 elongation and 0.2 tri
angularity plasma. This Is for the INTOR tokamak. 
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Fig. 5. Comparison of the multlpole method for gross plasma equilibrium and 
actual free boundary MHD results for a 1.5 elongation and 0.2 tri
angularity plasna. This is for the INTOR tokamak. 
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TABLE I 
THE EQUILIBRIUM EVOLUTION FOR A DISCHARGE SIMULATION 01' INTOR 

Time 
( sec ) 

R 
(m) 

a 
K 5 (MA) BP 

Decsy 
Index 

1.0 5.3 1.2 1.00 -0 .028 0 .5 0.001 0.74 
2.0 5.29 1.2 0.97 -0.027 1.0 0.005 1,02 
3.0 5.3 1.19 1.03 -0.027 3.0 0.01 0.50 
4.0 5.29 1.20 1.30 -0 .01 4 .0 0.05 -1 .26 
5.0 5.30 1.20 1.49 -0.002 5.0 0.10 -1 .81 
6.0 5.31 1.19 1.51 -0.004 6.0 0.50 -1 .63 
7.0 5.30 1.19 1.48 0.200 6.0 0.97 -1 ,40 
8.0 5.31 1.19 1.48 0.198 6.0 1.47 -1 ,29 
9.0 5.31 1.19 1.57 0.193 iuQ i , T 7 -1 .3S 

4.2. ELECTROMAGNETIC CALCULATIONS 

The circuit equations describing the external pololdal field colls, eddy 
currents, and plasna are aolved In a circuit interaction code. This requires 
that the mutual inductances, their spatial derivatives, and the radial and 
vertical plasma velocities be known. These quantities are discussed in this 
section. 

The electromagnetic environment consists of the ohmic heating coils, the 
pololdal field colls (providing the vertical, radial, and shaping fields), the 
eddy current paths in the structure (first Will, breeder region, and shield), 
and the plasma. The description of the eddy current paths is discussed in 
Chapter 5. 

The mutual inductances between the OH coils, PF colls, and eddy current 
paths are constant, while those between these components and the plasma are 
variable since the plasma can move. The plasma is modeled as a filament loca
ted at the magnetic axis (since this is generally very close to the current 
centroid). Thia will produce very accurate mutual inductances comparable to 
the actual distributed plasma current values. The coils and eddy current 
paths are modeled as strips which have incorporated their finite size. 
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In order to determine the magnetic axis location, an MKD equilibrium 
calculation must be made; however, a aeml-empirical relationship has been 
developed for up-down symmetric plasmas, 

R m " R o + ! r ^ P

 + :r)-^ P

 + V • <7> 
o 

where Rfl is the «*'* laraa cent*.*, a la the minor radius, ft the poloidal beta, 
and 4, is the plasma Internal self-Inductance per unit length. 

The derivatives of the mutual inductances are determined by using the 
plasma filament approximation and a filament located at the coil or eddy 
current central location. Thus, ane can use the analytic expression for the 
mutual inductance between two filaments and differentiate it to arrive at 
analytic expressions for 3M/3R and 3M/32. 

The plasma radial and vertical velocities are determined from the force 
balances In those directions. The radial force balance can be written, 
assuming a. filament plasma, as 

mR - 2irRI (B - B ) (81 
p v z 

where m is the plasma mass, R the plasma radial position, X the plasma cur
rent, %v the vertical field required to hold the plastr* at R, and &z is the 
actual vertical field present. The inclusion of the plasma mass will yield 
Alfven time scale oscillations, which are not the Important motions. The 
plasma mass is set to zero yielding the slower "circuit" time scale motion. 
This assumption requires that there be some material surrounding the plasma sc 
that eddy currents are created to resist motion for times longer than the 
Alfven time scale. Since the Alfven time scale is on the order of micro
seconds while the eddy current decay times are around Billiseconds, the 
assumption should be valid. 

In order to determine the slow time scale radial velocity the derivative 
with respect to time is taken of the force balance equation. The vertical 
fields are given by 
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B OP Tin 8 R ) T + - ^ - 3 - i 2 i f f i + M 2 1 tq\ 
B v , " 2 . , , l l n "• + \ * T 2 2 T[% * T> I ' ( 9 ) 

u„ N 
B z - - ^ 7 f 1 f 8 1 , Z 1 ; R , 2 ) l i , (10) 

where ic Is the plasma elongation, f± la the geometric function relating the 
vertical magnetic field at (R,Z) to the unit current at (R^Z.p, and N Is the 
total number of coils and eddy currents. The time derivative of the forcu 
balance 

dt " dt * 

yields the radial velocity 

31 3t k 3t 3a 3t 3fl 3t 3*. 3t 
P P i 

e> r f _._ i o ?• i j3£ T 

" 2nF . ' , r i 3c ~ 4it . ' . 33 3t i 3R ™ 1-1 ""• "" i - 1 

4* ., \ 3R X i 3R i i l 

I t should be noticed In Eq. (11) that the v e r t i c a l plasma v e l o c i t y i s a com
ponent of the radial v e l o c i t y . This wi l l a lso be seen In the ver t i ca l v e l o c i 
ty equation. The time rates of change of the plasma current, e longation, 
minor radius, poloidal beta, and internal self-tnductance per unit length can 
be datemlned from previous time step information. 

The v e r t i c a l plasma v e l o c i t y i s a lso derived from a force balance, 
neglect ing Alfven cine scale notions* The radial f i e l d Is given by 

i » l 
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Where force balance dictates B R • 0. In Eq. (12) g t Is similar to f± in Eq. 
(10) except that it is the radial field being related to the unit current. 
Taking the time derivative yields 

4ir .'. g i 3t 4* 3R 3t 1 
u 0 » » t ' < 1 3> 
4TT I 3Z Ai 

These derivative expressions are integrated to yield the plasma radial and 
vertical positions. 
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5.1. INTRODUCTION 

Electromagnetic effects on plasma behavior pose Important design 
constraints for tokamak reactors. While the pololdal field colls are 
carefully studied In reactor designs, the passive pololdal field system, i.e., 
eddy currents, are not. The coupling between the plasma, poloidal field 
colls, and eddy currents in the vessel and surrounding structure is complex 
atid dependent on the plasma discharge and burn cycle time history. 
Additionally, reactors have a thick blanket/shield structure bet'-'een the 
plasma and poloidal field coils which enhances the importance of this 
coupling. We propose a simple, but realistic eddy current model of the vacuum 
vessel and blanket/shield which can be utilized in an accurate assessment of 
the electromagnetic influences of a given design (1]. 

5.2. EDDY CURRENT MODEL 

Chapter A showed the importance of Including eddy currents directly into 
the electromagnetic model. To accomplish this, we assume the vacuum vessel 
and blanket/shield are inflnltesimally thin toroidal sheets [2] located at the 
center of the volume being modeled. The actual thickness of the structure as 
well as its resistivity la incorporated in the resistance calculation. An 
example is shown in Fig. 1 for an TNTOR-Uke device. Here we have used three 
sheets to simulate the vessel, blanket, and shield. These sheets are broken 
into toroidal strips which correspond to the individual eddy current 
circuits. The strips in our example are toroldally continuous, but resistive 
breaks could be Incorporated [2 J. The concentric sheet model simulates the 
poloidal field diffusion through a thick inhomogeneoun structure, i.e., 
blanket and shield. This complication is not present in current tokamak 
experiments, but should be an important factor in electromagnetic design and 
control considerations fcr reactors. Figure I also indicates the pump limiter 
modeled as a toroidally continous strip at the plasma bottom edge. Other 
external structures can similarly be incorp<*.ated by this method. The pump 
duct is shown as the absence of conducting strips at the appropriate loca
tion. This, along with the limiter, introduces an up-down asymmetry in the 
passive electromagnetic environment. 
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The fixed mutual inductances are computed between each of the eddy 
current strips and between the strips and the poloidal field coils. The only 
rautualg that change are those involving the plasma, since it can move and 
change shape and current distribution. These are modeled by placing filaments 
at the plasma magnetic axis And center of the coil or eddy current strip. The 
mutual inductance is then 

M J p - P 0(r IR p) l / 2ff|- Y) K(-r) --^(Y)) , (1) 

where 

,2 _ 4 R i R
P 

(Rt + y 2 + (zp - v 2 

and K(y) and E(y) are the elliptic integrals of the first and second kind, 
respectively. Equation (1) is used as a serai-empirical formula for the 
magnetic axis tL, valid at high beta. This eddy current model haa been applied 
to two different blanket/shield designs. The first is a liquid metal blanket, 
and the second is a solid breeder. These were chosen as representative of a 
highly conducting blanket and very resistive one. Both designs are modeled 
with the scheme shown in Fig. ]. The dimensions and conductivities of the 
various sections are listed in Table I for both blankets. 

The model is easily incorporated into the framework of a plasma kinetic 
and circuits code for determining plasma size, shape, position, and current. 
The method can be made as accurate as needed by simulating more conducting 
structures and/or finer resolution through an increase in the number of shells 
and/or eddy current strips. This allows specific conducting structures and 
toroidal breaks to be included within the overall plasma-circuits interaction 
model. 
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TABLE I 
BLANKET/SHIELD CHARACTERISTICS 

Resistivity Thickness 
Region Material (SHn) (m) No. Strips 

Shield 316SS 9.6 x 10~ 7 0.8 to 1.15 24 
Breeder 

Liquid Metal Li 3.0 x 10~ 7 0.5 8 
Solid Li z0 2.8 x 10 3 0.5 8 

First Wall 316SS 9.6 x 10~ 7 0.0125 16 

Limiter 3I6SS 9.6 x I0~ 7 0.05 1 

REFERENCES 
M. A. Firestone, D. I. Brown, C. Kessel and M. Tillack, in Proc. 11th 
Symp. Fusion Engineering, Austin (1985). 
D. I. Brown, M. G. Bell and J. Coonrod, Proc. 10th Symp. Fusion 
Engineering, IEEE No. 83CH1916-6-NPS, (Institute for Electrical and 
Electronic Engineers, 1983) p. 1233. 
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6.1 INTRODUCTION 

For the tokamak to succeed as a viable reactor concept, efficient steady 
state operation is one of the main goals that needs to be achieved. If the 
plasma current in a tokamak can be sustained continuously, deleterious thermal 
cycling effects associated with transformer driven tokamaks can be eliminated, 
thus resulting in much longer lifetimes for the reactor components. A. 
plethora of methods [1] has been proposed and used to drive currents in 
experimental tokamak plasmas. Among them, the lower hybrid (LH) wave scheme 
has been demonstrated to be the most promising driver, although its efficiency 

14 -3 at reactor density levels (n > 10 cm ) is called into question. [2] As 
such, the relatively good current drive efficiency (I/? ~ 0.2 A/W) at low 
densities can be fully exploited in the ramp-up of the plasma current during 
the start-up phase of reactor operation. The result is that the bulk of the 
volt-seconds in the OH coils will be expended at the flat top of the 
discharge, giving rise to a longer burn pulse. Conversely, since the amount 
of volt-seconds depends on the site of the coils, lower hybrid current ramp-up 
could potentially lead to a more compact machine with the same pulse length. 

While the economic feasibility of sustaining a steady state tokanak 
reactor with radiofrequency (RF) waves remains an open question, one can 
consider operating the reactor in the so-called "hybrid transformer" mode. 
[3] In this mode of operation, the plasma current is alternately maintained 
by the OH primary during the high density, burn phase and by LH waves during 
the low density, non-burning, transformer recharging phase. What emerges is a 
quasi-steady state plasma discharge scenario in which the burn pulse can be 
made very long (10-10 s), depending on the transformer size, while the 
current is kept relatively constant. These features translate into long 
lifetime, high availability, and perhaps disruption-free operation in a 
tokamak reactor. 

In chapter 3, fractional power operation was considered mainly for burn 
pulses driven by OH coils. However, it was also pointed out that operating 
rr'-.e reactor in the hybrid transformer mode results In substantial simplific
ations In the procedure of transiting between power stages. Variation of the 
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plasma current can also affect the plasma beta limit and its confinement 
properties, making it an effective power and burn control "knob." The control 
should become even more effective for an RF-suscained steady state burn. Thus 
the need to study Che feasibility and efficiency of lower hybrid current 
drive, and ramp-up in particular, in a reactor environment is clearly 
established. 

In this chapter, we examine the physics and engineering Issues related to 
time-dependent lower hybrid current drive in a reactor, and their impact on 
reactor start-up and, indirectly, on fractional power operation. The kinetic 
theory of current ramp-up by lower hybrid waves has been studied quite 
extensively. [4,5] On the other hand, experiments on the PLT tokamak have 
indicated [6] a raop-up efficiency as high aa 202, where efficiency is defined 
as the ratio of the electric power flowing into the poloidal field to the RF 
power absorbed by the electrons resonating with the wave. Modeling of current 
ramp-up with lower hybrid waves has also been attempted on experiments in PLT 
[7] and Alcacor-C. [8] In these simulations, emphasis was placed on Che wave 
propagation and absorption calculations based on a kinetic description of the 
plasma, which are coupled to a relatively simple radial transport model. In 
this work, we use basically a one-dimensional model to describe the physical 
processes during current ramping. The RF analysis is simplified in that wave 
damping is calculated analytically using a quasilinear approximation [9] while 
the local driven current is obtained by applying the Flsch-Kamey formula. 
[10] The 3-D, LH ray tracing code is then coupled to WHIST, fll] a 1-i-D 
transport, magnetohydrodynamic (mhd) equilibrium code developed at Oak 
Ridge. Self-consistent flux surface geometry, plasma current and pressure 
profiles can then be used to study issues related Co Che power balance and mhd 
stability during the transient current drive phase of reactor operation. 
Methods to optimize the ramp-up scenario under various criteria, e.g. , minimum 
energy input, have been explored. The work presented In this chapter can also 
form the basis for detailed modeling of Che transition phase between ohmic and 
LH current drive for the hybrid transformer mode of operation. 

The content of this chapter is organized as follows. Section 2 briefly 
describes some of the more important physics issues related to LH current 
ramp-up, such as electron tail induced conductivity, stability of current 
profile and runaway electrons. In section 3, we present our calculational 
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model, with special emphasis on LH ray tracing and absorption, current 
diffusion model, powei' balance and the double tearing mode Instabilities. 
Section 4 contains results of a set of current ramp-up calculations using the 
INTOR reactor [3] as a reference device. This is followed by an attempt at 
optimizing the ramp-up scenario using the "overdrive" technique. Finally, in 
section 5, we give a list of conclusions based on the present calculations and 
discuss their impact on reactor start-up and staged power operation as 
appropriate. 

6.2. PHYSICS OF LH CURRENT RAMP-UP 

The current generated by LH waves is carried by » high energy population 
of electrons which manifests Itself in the form of a plateau in the velocity 
distribution in the direction parallel to the background magnetic field. The 
time scale for setting up the plateau is the quasillnear diffusion tine which 
is very short compared to the resistive skin time of the bulk plasma. As 
such, Lenz's law dictates that, as the RF current driva power is turned on, a 
back emf will be induced that drives an opposing current such that the 
continuity of the global current is preserved. This back current is carried 
by thermal electrons and decays in a resistive skin time, as the global plasma 
current reaches Its steady state value. Thus the theory of LH current ramp-up 
is essentially that of current drive in the presence of a dc electric field. 
A substantial amount of theoretical work has already been carried out on this 
topic. [12,13] In this section, we review some of the issues relevant to 
current ramp-up in a reactor. 

6.2.1. BULK ELECTRON HEATING 

When RF power is injected to drive current, there are two channels 
through which the bulk electrons will be heated. The majority of the incident 
wave power is absorbed by the current carrying tail electrons via linear 
Landau damping. These tall electrons then thermalize with the background 
electrons and ions, in the process transferring most of their energy to the 
electrons. In the presence of a back emf, part of the tail electron energy 
will be transferred to the electrons carrying the back current, which in turn 
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Is dissipated In the background plasma. In our analysis, we make the 
approximation that all of the tail electron energy is dissipated in the 
background electrons, except ivc that part which ends up in the poloidal 
field. The bulk electron dissipated power is entered as a heating term in the 
electron energy transport equation. Depending on the electron transport 
scaling, the electron temperature nay vary thus changing che skin cine ( T -

-3/2 s 

L-/R- and R » T g , with Lp, R p being Che plaaaa inductance and resistivity) 
and the LH wave power deposition profile. 

6.2.2. ELECTRON TAIL CONDUCTIVITY 

The Spitzer conductivity a a' c fully ionized plasma Is determined 
sp 

under the usually valid assumption that the velocity distribution of electrons 
is Maxwelllan. However, in the presence of intense RF power density, resonant 
diffusion in the velocity space nay substantially distort the electron 
distribution from a Maxwellian, and che dc conductivity may be modified. For 
a toroidal plasma current J, driven by an RF source, but under the influence 
of a toroidal electric field E (either OH or back emf, or both), we can write 

J, - J r f + (<Jsp + o^E (1) 

where J rf is the current carried by the resonant tail electrons and o, is the 
RF-induced tail conductivity* Assuming that a, < a 3 p, it can be shown (12] 
chat 

<jj (Z± + 0.72) (4 + Z ±) „ 2 

where j • J ./ ' r ,
e
e v;r e) * s t n e normalized RF-driven current and w » v ./v. , 

with v, (v_) being the resonant (electron thermal) speed. Of course, in che 
case of Landau absorption, v ( » ai/k.. EquaCion (2) implies that the effective 
conductivity is increased for a plasma with an RF-induced tail, resulting in a 
longer current ramp-up time. Depending on the plasma and wave parameters, 
thia effect may be substantial. It was suggested [12] thaC Che "overdrive" 
technique may be used to shorten the effective current rise time, and this 
will be investigated in a later section. 
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6.2.3. CURRENT PROFILE EVOLUTION 
The time evolution of the plasma current profile can be influenced by the 

local RF power deposition, minor disruptions associated with the double 
tearing mode and anomalous radial diffusion due to saturated mhd instabil
ities. Because of the strong dependence of Landau damping on temperature, it 
is possible that a hollow current profile develops as a result of off-axis 
power deposition. The corresponding non-monotonic q-profile destabilizes the 
double tearing node (n - 1, m > 2) whish destroys the hollow current profile. 
[14] The consequence is that the plasma current, density and energy within 
the affected region are redistributed as magnetic reconnectlon to the plasma 
center occurs, in a manner similar to the Kadomstev model [15] for the 
sawtooth oscillations. The redistribution process can repeat itself and 
result in effective Inward current penetration, a process [16] that has been 
proposed to explain the absence of a skin current in the early stages of an 
ohmic discharge. The above process can also be described in terms of enhanced 
current penetration caused by an anomalous shear viscosity for parallel 
electron flow due to the instability-driven turbulence. [17] In fact, any 
saturated instabilities, e.g., that due to the preBsure-driven ballooning 
node, can potentially give rise to enhanced current diffusion. In our 
analysis, we will only focus on the double tearing mode and model its effects 
on current diffusion in the form of a series of minor disruptions. 

To complete this discussion, we point out that soft x-ray measurements on 
LH current drive experiments [17] indicate that the energetic electron 
population is consistently centered about the plasma axis, even when 
theoretical calculations predict a hollow current profile for the incident 
wave spectrum. It has been suggested [18? that these supratheraal electrons 
diffuse inward In a time scale short compared to the collisional retherraal-
ization tine. Within a thermal diffusion time scale, we c m practically 
assume a centrally peaked RF-driven current profile even though the RF power 
is deposited off-axis. To model this effect requires a kinetic description of 
the electrons, which is beyond the scope of the present work. 
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6.2.4. RUNAWAY ELECTRONS 

In the presence of a back emf, the current carrying electrons are decel
erated by collisions with the background plasma and by the electric field E. 
If E/E > 131, a significant number of runaway electrons are produced [5] by 

~ 1/2 the electric field with v, > v„ - (E/E) v_ where E » mw„, /e « n /T is i K o xe o re e e 
the Dreicer field. These runaway electrons greatly increase the magnitude of 
the back current and because of their low collisionality can significantly 
lengthen the decay time of the inductive field. A nonlinear Inductive effect 
also sets in, for example, whan E/E J> 431 for c/v.ja » 30, [5] which can lower 
the magnitude of the back emf and thus reduce the ramp-up efficiency. 

In this work, we do not take Into account the effect of runaway electrons 
in our calculations. We note that in our analyses, the inductive electric 
field at the point of maximum RF power deposition can be as high as 1031 of the 
Dreicer field. Therefore, the results of our simulations should be somewhat 
on the optimistic side, particularly in cases of low density or high RF power. 

6.3. DESCRIPTION OF THE MODEL 

The calculational model of our lower hybrid current raap-up studies can 
be divided into three parts, namely: (i) RF wave propagation and absorption, 
(ii) spatial curren*". diffusion, and (lit) plasma transport and equilibrium. 
The basic tool of analysis consists of a LH wave ray tracing code RAYCO [19] 
coupled to a 1-y-D tokamak transport and equilibrium code WHIST. [11] The 
framework of the calculations is shown in Fig. 1, where the transport and 
electromagnetic equations ire solved as an initial, boundary-value problem. 
The ray tracing code mainly provides input to the current diffusion equation 
in the form of a LH source current profile while bulk electron heating is 
incorporated into the transport equations as the difference between the 
absorbed RF power and the time rate of change of the pololdal field energy. 
The LH power deposition profile and the flux-surface geometry are recalculated 
as the plasma pressure and current profiles evolve. The end result of the 
code calculation is the self-consistent time-history of the plasma density, 
temperature and current profiles, together with the current ramp-up 
efficiency. In the following subsections, we briefly describe the ray tracing 
code SAYCO, the current diffusion equation and the double tearing mode model. 
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6.3.1. RAYCO, A LH RAY TRACING CODE 
Using a cylindrical coordinate system about the major axis, the ray 

equations can be written In the form [20] 

d ? a j {Wt-2kf^2lhj + ^ T k j <3> 

3s, 

I wK. 1 1 1 J 
i™-2k,^)Ul^iA,k, + l k t ^ ) \ w 

where r - <s 1,s 2,s 3) - (R.if.z), (c - (kj.kj.kg) - <k R.k.,k z) and b* - sVjB*| -
(bj.b2.b3) - (B R/B,B./B,B Z/B), In Eqs. (3) and (4), T Is a parameter 
proportional to Che arclength along Che ray and A^^'s are the Chrlstoffel 
symbols commonly used in Censor calculus. For Che coordinate system we used, 
A... = 0 except for A ^ " ~ A221 " R _ 1 , M e a * s o n o t e t h a t 

D(u,k rk^f) - 0 (5) 

Is the local wave dispersion relation with k » 1c • £ and k. » | it" x b*] . 
Equation (3) describes Che trajectory in an lnhomogeneous plasma, along which 
Che wave energy is transported while the wave disperlson characteristic is 
governed by Eq. (4). 

For the LH wave, the cold plasma electromagnetic wave disperlson relation 
is given by [21] 

tal f S n l + T " ° (6;> 

where R - e ^ S - (e^ + e , ) ( n , - e J + e x , T - e , [ ( n , - e J - e x ] , n^ - k^c/to 
and n. • k.c/w. The plasma dlelecCric tensor elements are given by: 

=1 " l + (%'"<» ^ " ( u

P l / u ) ) 2 < 7 a ) e 1 

e » ID2 /fiiXi) 1 (7b) 
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E, - 1 - u 2 /a2 <7c) 
« pe 

where u , u and o> . are respectively the electron plasma and cyclotron pe ce pi 
frequencies, and the ion plasma frequency. The LH slow mode corresponds to 
the smaller root for n. o~ the bi-quadratic equation in Eq. (6) and is the 
mode we follow in the ray equations. 

The primary wave absorption mechanism along the trajectory is that due to 
electron Landau damping. An approximate quasilinear spatial damping 
decrement a has been derived [9] and is given by 

a - 4TT 3 / 2(m 1/m e) 1 / 2( W/2nc)n |x^ expf-x2^) (8) 

where x » to/(/Yk|vT ). This expression for a is derived with the 
assumption that the ratio of n

r f / D c " T» where J r f and D c are the velocity 
diffusion coefficients due to RF and collisions, add should be sufficiently 
accurate for modeling current drive in a reactor plasma. 

The wave power along the trajectory is then given simply by 

P(s) - P Q exvl-fl a ( a ' > d s , i <9> 

where s is the arc length and P Q is the Incident power. To calculate the 
incremental power AP deposited in a flux tube bounded by Che flux surfaces i|̂  
and i|), in one transit of the ray, we write 

AP - Pfsj) - Pfs 2) <10) 

where 3j, &2 are the arclengths of Intersection with ifi, and iK. The 
Incremental power density Ap is simply given by AP divided by the volume of 
the flux tube. 

To determine the incremental current generated AJ * for each transit of 
the ray through a flux tube, we invoke the Fisch-Karney formula [10] for the 
normalized current drive efficiency. For the lower hybrid wave, this is given 
by 
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(J/P) F K - 2 + 1.4w2 + 8/w (11) 

for a plasma of 2^ » 1 and in the absence of neoclassical effects. The 
incremental RF-driven current density is calculated by 

M f f (A/ciO - 1 0 " • — ^ j - (|) p K • fip (w/cmJ) <12) 
n e (cm ) 

The RF-driven current profile can be obtained by summing, for each flux tube, 
the incremental current for each traversal of the ray through the tube. 
Typically, in our calculations, a ray trajectory is followed until 95% of the 
power has been absorbed. 

In Fig. 2, we show the typical results of a lower hybrid ray tracing 
calculation using RAYCO alone. We use INTOR [3] as the reference device, with 
its machine parameters shown in Table I. In this example, we assume parabolic 
profiles for both the density and temperature with peak. n 0 • 1 0 " cm J and T Q 

- 2 keV, and the safety factor at the edge is 2.1. To ensure wave penetration 
to the center, a wave with frequency f - 1 GHz and initial toroidal wavenumber 
k, - 0.5 cm is launched from the low field side along the equatorial 
plane. The ray trajectory, as shown in Fig. 2(a), is mainly determined by the 
density profile through refraction while the damping along the ray is highly 
dependent on T e and k... In this case, reflection at the wall drastically 
increases k. and the wave power is rapidly absorbed on the subsequent radial 
inward transit. In Figs. 2(b),(c), the flux-surface-averaged PF power 
deposition p £(p) and the corresponding generated current profile J .(p) are 
shown. It is evident that a hollow RF current profile is developed because 
most of the power is deposited away from the plasma center. 

6.3.2. CURRENT (POLOIDAL FIELD) SPATIAL DIFFUSION 

The evolution of the plasma current profile is governed by the poloidal 
field (B ) diffusion equation in the presence of an RF source current profile 
derived in the previous subsection. Since the EM equations are to be solved 
in conjunction with the transport equations, they have to be expressed in 
flux-surface coordinates (p,6,<t0i where p is the flux surface label and 8,ij> 
are respectively the poloidal and toroidal anglas. Following an earlier work, 
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TABLE I 
PARAMETERS FOR CURRENT RAMP-UP SIMULATIONS 

INTOR Machine Parameters: 
Major radius R Q » 520 cm 
Minor radius a » 120 cm 
Elongation K • 1.6 
Triangularity A - 0.3 

Initial Plasma Parameters: 
Peak density n e o - 10 1 3 cm"3 

Edge density n e a - 10 1 2 cm - 3 

Peak temperature T e o - 2 keV 
Edge temperature T e a - 500 eV 
Plasma current I_ » 0.5 MA 

Lower Hybrid ¥?».ve Parameters: 
Frequency f * 2 GHz 
No. of rays followed "• 3 
Initial ray position - (R,z) - (638 cm, 0.5 cm) 
Initial toroidal wavenumber k - 1.0 1.2 1.4 (cm - ) 

* -1 
Initial poloidal wavenumber k„ « 0 0 0 (cm ) 

[11] we write down Ampere's law: 

o 4 
where F(p) is the poloidal current outside of the flux surface p, and G.(p) 
and G 9(p) are dimensionless flux-surface-averaged geioetrlc factors defined in 
Ref. 11. The superscript "~" denotes effective flux-surface-averaged 
quantities. Faraday's law is expressed as 
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3B 
"at '*'h!v& + hs* ° 4 ) 

where E. Is the inductive electric field and V, is the velocity of a surface 
of constant toroidal flux relative to the surface labeled p. Ohm's law can be 
written as 

E, - „(?, - J R p ) (15) 
where T\ « (o + a. ) , with the tail conductivity included. Combining Eqs. 
(13), (14) and (15), we arrive at the poloidal field diffusion equation: 

O (J> 

Given J™*., Eq. (16) can be solved as an initial, boundary-value problem. The 
initial condition is set by assuming a current profile at C • 0, namely, 

uF(p) G (p')J (p',t-0) 

There are two boundary conditions, the first of which Is given by 

B p<p«0,t) - 0 (18) 

The other condition is set at the plasma edge p * a, given by 

M I (t) 
B (p-a,t) * v „° P. r- (19) 
p V H 2irR oG e(p»a) 

where I is the global plasma current and R 0 is the major radius. To 
calculate Ip(t), we adopt a simple plasma model Ln the form of a parallel Rp-
L_ circuit connected to an ideal current source ^Rp* ^p ^ then given simply 
by 

- R „ t / L n 
I p(t) - [Ijp - l p(0))fl - e P P ) + I p(0) (20) 
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We note that: XRF " 4 l r -̂o d p < T l > ^ R F ' Rp * 4 l t •'o &**•*&'* a n d Lp " 
(iQ R a.(E)(l - e)/[l - e + a„(e)K] + L., (21] where T. and g are geometric 
factors defined In Ref. 11, e » a/R , aj, a2 are analytic functions of e, K 
Is the plasma elongation and L^ is the plasma internal inductance. These 
quantities themselves evolve with time. For a time step At short compared to 
the time scale of change for I R F , R and L , Eq. (20) can be advanced in time 
according to 

-R (t)4t/L (t) 
I p(t + it) - flgpU) - Ip(t)][l - e p P ) + l p(t) (21) 

6.3.3. DOUBLE TEARING MODE MODEL 

Depending on the electron temperature and the incident wave spectrum, the 
LH wave may deposit its power away from the plasma center such that the plasma 
current evolves toward a hollow profile. If that occurs, the double tearing 
mode is destabilized leading to a field line reconnection and subsequent 
flattening of the current and plasma profiles within the affected region. We 
describe an empirical model of the double tearing mode in the WHIST code, [22] 

As the plasma current density evolves toward a hollow profile, the q-
profile becomes non-raonotonic. Suppose that at some stage, q » i a: p - p 
and p * p , where m is an integer and p is the flux-surface label, s * with p > p . We now define a helical flux function * ,(p) corresponding to 
the (n»l,ra) mode as 

+ml<p> - / p ^ ' v ^ ^ V ^ ^ y - m i C 2 2 ) 

* * where p • a la the plasma edge, with iji , (a) • 0. A typical plot of ij» . as a mi JL mi 
function of p is shown in Fig. 3, where we observe that i|/, has a maximum 
at p » p and a minimum at p » p . Magnetic reconnectlon to the center 

a ^ £ ^ 
occurs when ty ,(p ) = <p .(0) and the redistribution of current, density and 

mi s ml * * 
energy takes place within the region: 0 < p < p., with tji ,(p 2) * ^ ,<p ) and PT > p . The new ifi .(p) profile Is shown as a dashed line in Fig. 3. This * 8 mi 
internal disruptive process could lead to anomalous radial diffusion of the 
current toward the center of the plasma, such as that observed for the ohmic 
current in tokaziak discharges. 
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Figure 3 Profile of typical helical flux function t j(p) before (solid line) 
and after (dashed line) magnetic field line reconnection. 

6.3.4. POWER BALANCE 

To clarify the power balance picture between the LH waves and the plasma 
during current ramp-up, we utilize a power flow diagram [23] as shown in Fig. 
4. A fraction n' of the Incident RF power P r f will be absorbed by the 
resonant hot electrons via Landau damping. Part of the absorbed power, P H, is 
directly dissipated in the bulk electrons through collisions, while the rest, 

1 2 Pel» e n d s UP a s POloidal field energy •J1* !_• If an external voltage V e x t is 
applied, e.g., from the OH or PF coils, additional power P e x t is added to the 
poloidal field. However, part of the pololdal field energy is dissipated in 
the back, current carried by the bulk electrons at the rate VT/R where V n is 

B p o 
the back emf and R_ is the plasma resistance. 

With a full kinetic analysis, P e^ can be expressed as a function of P rf 
in a constitutive relation. [4] In the work presented here, we make a few 
simplifications. We set n 1 » 1, corresponding to the ideal case of total 
absorption of the RF power, and we assume no externally applied voltage, thus 
V e x^ " 0 . In the absence of a full kinetic calculation of transient current 
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Figure 4 Power flow diagram for LH current ramp-up. For our model, V £ - 0 
and n' " 1. 

drive, we determine the LH current driven at steady state making use of Eqs. 
(11) and (12) obtained from kinetic considerations. By solving Eq. (16) 
together with the transport equations, we find the evolution of the inductive 
field E. and the plasma current J,.as a function of4 p. The rate of change of 
the poloidal field energy density tf( p) is given by W(p) ~ -S (p)J.(p) where we 
note that E.(p) < 0 in the region of positive current ramp-up. The bulk 
electron dissipation P*!(P) from the RF power is then given simply by 

* > > P r f(p) + E |(p)j |(p) (23) 
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where P „(p) Is the RF power deposition profile. This terra then appears as an 
additional heating power in the electron energy transport equation. 

6.4. RESULTS OF RAMP-...P ;.ILLATIONS 

Lower hybrid current ramp-up simulations have been performed for the 
INTOR tokamak [13J in the absence of an externally applied voltage. In Table 
I, we list the paraaeters for the INTOR machine, the initial density and 
temperature profiles and the lower hybrid waves In all our calculations. A 
total number of three rays are being used to model the spectrum of waves 
(1 cm"* < k, < 1.4 em" ) incident from the outboard side of the device along 
the equatorial plane. Plasma fueling by gas puffing at the edge is used to 
keep the average density <n > constant during ramp-up. For simplicity, we use 
the Alcator transport scaling to model the anomalous electron loss in our base 
case. 

A series of current ramp-up scenarios are studied by the combined 
EAYCO/WHIST code with various physics assumptions so as to evaluate the 
significance of each of them. r'lve cases have been tested and they are 
described in Table II. Case (A) will be our base scenario which involves a 
constant RF pulse at 10 MW power, Alcator transport scaling and Spitzer 
conductivity. We will focus our attention on the results for this base case. 

6.4.1. THE BASE SCENARIO 

In this case, a constant RF pulse of 10 MW is applied to a target pLas.ia 
and the current ramp-up is followed for 300 s, during which time it rose from 
0.5 MA to 4.4 MA, as shown in Fig. 5, We note that, from Fig. 5, I p rises 
smoothly to its steady state value with an average L/R time of 60 s, while the 
RF generated current I R p fluctuates "periodically" even after steady state Is 
reached. This Is mainly a consequence of the "periodic" onset of the double 
tearing mode which abruptly changes the plasma profiles, wave power deposition 
and the resultant RF current. In this respect, we should note that the LH 
current drive efficiency is highly sensitive to where the bulk of the current 
is driven in the plasma. As an example, when k. is large or T„ is high, we 
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TABLE II 
LOWER HYBRID CURRENT RAMP-UP SCENARIOS 

A. Constant RF pulae of 10 MW 
Alcator transport scaling 
° - °SP 

B. Constant RF pulse of 10 MW 
Alcator transport scaling 
o • o_p + o (includes tall conductivity) 

C. "Overdrive" - Programmed RF pulse 
Alcator transport scaling 

D. Constant RF pulse of 10 MW 
PLT transport scaling 
a - o s p 

E. Constant Rf pulse of 10 MW 
Ohkawa transport scaling 
°" °SP 

would expect the wave to be damped near the plasna periphery where the density 
is low, thus generating a large amount of current, since current drive 
efficiency scales Inversely with density [see Eq. (12)]. It is exactly this 
scenario which leads to the build-up of the hollow current profile as the 
plasma h<>ats up initially from wave power dissipation in the core. After the 
onset of the mhd node, the temperature profile flattens toward the plasma axis 
and, depending on the density profile which determines the evolution of k , a 
more centrally peaked RF power deposition profile can be restored. Thus the 
process of plasma current evolving toward a hollow profile repeats itself 
"periodically" while the bulk current Is being built up slowly. In fact, this 
phenomenon will persist even after the current has attained its steady state 
value, at which point a current drive efficiency of 0„44 A/W is obtained, as 
depicted in Fig. 5. 

To illustrate this point further, we show In Fig. 6(a), (b) and (c) the 
radial profiles of the plasma current J,, RF-lnduced current J „ and electron 
temperature T at selected time intervals during the 300 s discharge for 
scenario A. We note that in the absence of tearing modes, the plasma current 
should evolve toward the RF-driven current, both in magnitude and profile. 
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NORMALIZED PLASMA RAOIUS 
Figure 6(b) Radial profile of KF-driven durrent density J R F(p) «t selected 

time Intervals for scenario A. 

Is T r 
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Figure 6(c) Radial profile of electron temperature T e(p) at selected time 
intervals for scenario A. 
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Tills is evident for t • 12 s and t - 24 s In Fig. 6(a), (b). In particular, 
at t » 24 s, a small hump starts to form In the J. profile. We also point out 
in Fig. 6(c), T e(0) rises from 2 keV to 3.5 keV in the first 12 s due mainly 
to ohraic dissipation of the back current. At t - 50 a, we have evidence of 
the first onset of the double tearing mode, when 3. becomes flattened over the 
bulk of the plasma. The spatial extent of the profile flattening may be the 
result of a series of destabilization of the n » 1 and m » 2-6 modes over 
different regions of the plasma. From then on, both the 7 and J _ profiles 
evolve under the influence of the tearing mode activities while T e rises 
slowly with an increasingly broad profile. 

An important measure of the effectiveness with which the lower hybrid 
wave energy is converted to pololdal field energy is the ramp-up effic-
ency V defined as 

"B 
L I dl /dt . JP P P. . 

PRF 
(24) 

where the numerator is the time rate of increase of the poloidal field energy 
1 2 rl I . A plot of n„ versus time is given in Fig. 7 for scenario A. We note I p p B 

that the value of n» decreases to zero as the plasma current rises toward the 
LH source current, as it should. Averaging over the tearing mode fluctua
tions, the value of n_ is found to be quite low, on the order of 5!! for the 
initial 120 s and only about 2 to 32 after that. This means that about 96% of 
the wave power ends up as heat to the bulk electrons rather than as poLoidal 
field energy. This scenario is clearly not optimized in terms of ramp-up 
efficiency as rig as high as 202 has been recorded in PLT experiments. [24] 

6.4.2. THE CASE WITH TAIL CONDUCTIVITY CORRECTION 
This is the case for a constant LH power of 10 MW with a correction to 

the plasma conductivity due to the fast electron plateau. Only a slight 
increase in the ramp-up time has been observed when compared to the base 
scenario, indicating that the effect of tail correction to the plasma resis
tivity is small in this case. In Fig. 8, the spatially averaged Spitzer 
conductivity a s p and that due to the eleccron tail <j are plotted over the 300 
s discharge. The slow fluctuations in o g p are again a result of tearing mode 
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actitivitiea. It is interesting to observe that cj. < <Tgp during the entire 
discharge. 

6.4.3. THE "OVERDRIVE" CASE 

The current ramp-up efficiency, as calculated for scenario A, is very low 
(~4Z) resulting in a long rise time <> 100 sec) for the plasma current. A 
long ramp-up time may be tolerable for a tokamak reactor that is capable of 
steady state operation. However, for a hybrid transformer reactor, it may 
result in a long dwell time thus lowering the reactor duty cycle. An obvious 
remedy is to raise the RF power above Che level needed to drive the current ac 
steady state and increase the initial ramp-up rate. As the current evolves 
Coward the level for steady state operation, the RF power can be dropped sys
tematically to the desired value. This is the so-called "overdrive" technique 
[12] to minimize the ramp-un time. We must keep in mind that a larger current 
drive power means a higher back emf and thus higher ohmic dissipated power, 
besides the effect of Increased runaway electrons which we do not consider. 

In the "overdrive" scenario we examined, a programmed RF pulse is applied 
as shown in Fig, 9. This pulse shape is based on results obtained from an 
extensive study of the optimal scenarios for reactor plasma start-up. [25] In 
Fig. 10, we show the time evolution of both I p and I R p for the 80 s 
discharge. The plasma current reaches 3.8 MA in the first 75 s of the 
discharge. The IM current, on the other hand, follows the general form of Che 
injected wave power (Fig. 9), although mhd activities tend to cause slow 
fluctuations. At t • 50 a, the RF power is dropped back to 10 MW at which 
point the plasma current practically reaches equilibrium except for the 
tearing mode instabilities. Figure 11 depicts the time dependence of n_ for 
this scenario, a notable feature of îiich is that n_ reaches a maximum value 
of 172 at t - 20 s, and Chen decreases as the RF power is dropped. We also 
note that throughout the "overdrive" scenario, the teari.ig mode induced 
fluctuations decrease substantially from those found in the base case, 
probably because of a different current profile evolution. 

A comparison between the base case and the "overdrive" case of current 
ramp-up scenarios has been made and their relevant parameters are shown in 
Table III. In both cases, the RF pulse power eventually reduces to 10 Mtf so 
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scenar io C. 

6-24 



H £ £ 5T 
TIME (SEC) 

4o W 80 

Figure 11 Time evolution of current ramp-up efficiency ru for scenario C. 

TABUS III 
COMPARISON OF RESULTS BETWEEN CASE A AND CASE C 

Case A Case C 
RF pulse shape 10 MW constant Programmed 
Ramp-up time (s) 122 75 
Energy input (MJ) 1220 1050 
Peak RF power (MW) 10 20 
Peak ramp-up efficiency (?) 8 17 
Steady state current fMA) 4.4 4,4 ... 

that the steady state current should be 4.4 MA. The ramp-up time as listed in 
Table III is the time it takes for the current to rise to a value of 3.8 MA. 
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In tr&neral, the "overdrive" case exhibits more optimistic parameters in terras 
of shorter ramp-up time, smaller energy input and higher peak, ramp-up 
efficiency, but at the expense of a higher required power from the RF 
system. For a reactor operated in the hybrid mode, a trade-off between high 
availability and low RF power requirement needs to be studied from the poin. 
of cost analysis. 

6.4.4. SENSITIVITY TO THE TRANSPORT MODEL 

The first three scenarios listed in Table II are all based on the Alcator 
transport scaling, in which the electron thermal diffusivity v is Inversely 
proportional to the local density n (p)« If a more optimistic scaling is 
used, such as the PLT scaling, in which x e is small on axis but increases 
rapidly toward the edge, a markedly different current ramp-up scenario 
results. This scenario corresponds to case D in Table II. The energy 
confinement Initially is very good and the central T e rises to over 5 keV 
within the first 0.2 s of the discharge. The resultant sharply peaked T g 

profile triggers a series of tearing mode activities, at the end of which T g 

drops to less than 200 eV. At this low temperature, wave absorption becomes 
entirely negligible and wall dissipation of the RF power dominates, resulting 
in practical termination of the RF-drlven discharge. 

In case E, we repeat the ramp-up simulation using the Ohkawa transport 
scaling, [26] vrhlch stipulates that -^ is proportional to (1 + P rf/ poH^ • 
where P r f and P 0 H are the local RF and OH absorbed power respectively. In 
this scenario, the absorbed power density is very large compared to the Joule 
heating such that x can become large locally. As a result, the plasma energy 
is loat very rapidly and T e drops to less than 100 eV only 0.15 s after the LH 
power is turned on. 

It is thus clear that current ramp-up simulations are extremely sensitive 
to the local power balance, particularly since the LH wave damping Is highly 
dependent on the electron temperature. Even though we characterise the 
results; of scenarios D and E as preliminary in nature, the sensitivity of LH 
current ramp-up to the transport model is well demonstrated. Perhaps this 
problem may be somewhat mitigated by smoothing the wave absorption profile 
using/ a larger number of rays or a wider k -spectrum. Nevertheless, more 

I 
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research efforts need to be devoted to this area in the future to better 
understand the issue. 

6.5. CONCLUSION AND DISCUSSION 

A 3-D, LH ray tracing code has been successfully coupled to a 
transport/equilibrium code to simulate plasma current ramp-up in a tokamak 
reactor. This current ramp-up is studied in the absence of an externally 
imposed toroidal electric field, assuming Alcator transport scaling in the 
INTOR tokamak. To account for possible inward current diffusion, a model 
involving the double tearing mode destablilized by a hollow current profile is 
invoked. This results in "periodic" redistribution and flattening of the 
plasma profiles even after equilibrium condition is achieved. The effect of 
the electron tail conductivity on the current rise time appears to be minimal 
in the cases we study due to the low power level involved. 

Preliminary results are obtained for the case of start-up optimization by 
the "overdrive" technique. Using a programmed RF pulse, the ramp-up time and 
total input energy are lowered at the expense of a higher power requirement 
when compared to the base scenario of constant power input. Within the 
physics assumptions used in the model, current ramp-up is also found to be 
sensitive to the transport scaling used. 

Two relatively important physical processes have been neglected in our 
analysis of LH current ramp-up. The first is the experimentally observed 
phenomenon of the inward diffusion of the current carrying tail electrons in a 
time scale short compared to the thermalization time, which results in a 
centrally peaked RF current profile. The second is the effect of runaway 
electrons In the presence of a strong back emf, which can potentially lower 
the plasma resistivity and ramp-up efficiency. The implications of these 
processes to the results of our present work need to be addressed in the 
future. 

As stated previously, we have developed a powerful tool of modeling LH 
current ramp-up in a tokamak reactor, conceivably an important element of the 
start-up phase. He have also demonstrated the possibility of using programmed 
RF pulses to optimize the current ramp-up scenario by minimizing the current 
rise tine and energy input. However, to model the dwell phase operation of 
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the hybrid transformer reactor, further steps need to be taken. Here, the 
region of interest is the transition between an ohmically driven current in 
the burn phase and an RF-generated current in the dwell phase. What needs to 
be deployed is to couple th~ primary OH circuit, and any other external 
Inductive coils, such as the vertical field coil, into our model. The ohmic 
voltage diffuses in fro* the plasna edge and therefore nust be included in the 
poloidal field diffusion equation as a boundary condition. Therefore, as 
stated in Chapter 7, the reactor will have to be node led as a network of 
mutually interacting circuits, rather than as a simple RL circuit with an 
ideal current source. Furthermore, the circuit analysis oust include the eddy 
currents generated in the conducting structures surrounding the plasma. None 
of these is presently taken into account in our work. 
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7.1. INTRODUCTION 

Our objective has been to develop a conputer code which combines plasma 
particle and energy balance together with the electromagnetic coupling between 
the plasma and the engineering systems. The latter Include both active 
poloidal field colls and the fields due to passive eddy currents In the sur
rounding structures. To this end we have Modified a TF1J1 code, PCIC[1], to 
Include features expected in a power producing tokamak. This modeling effort 
has been previously described in the report and consists of plasma position 
and shape techniques, eddy currents in a thick inhomogeneous structure, and 
lower hybrid current drive. Additionally, an alpha particle heating model has 
also been incorporated in the new code. 

7.2. PLASMA EVOLUTION 

Initially, the plasma is at a fixed major, R 0, and minor, a Q, radius. 
The current increases at this position until a certain q-r value is reached. 
Then, the current increases further whito the major radius decreases 
maintaining a constant <jj at the linitar. The plasma current I is then 
re 1 ?.ted to R, a, and the elongation K by 

5a 2(a) B_(T) 2 
Vm)m *(»><; (Hr-) • <» 
R + a - R + a o 

After startup the major radiuB is determined by integrating the radial equa
tion of motion from force balance and the minor radius from assumed knowledge 
of q-rm The vertical position ia likewise determined by integrating the 
vertical force balance equation. The plasma shape parameters are obtained 
from the multipole method described in Chapter 4, 
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7.3. CIRCUIT MODEL 
The plasma is treated as if it were a conductor with conductivity 

cr(r,t). The poloidal magnetic field diffusion equation is 

3B . 

The evolution of the plasma, current is solved simultaneously with the current 
in the external circuits by rewriting Eq. (Z) as 

V 1 (r) 
3t r it lff(r,t)r 3r V J I T - 2 - 2 - 4 - r-7~rr-4-I <D1 . (3) 

Equation (3) can be finite differenced by subdividing the minor radius into K 
circular shells of width A. The final result is an LR ladder network wish 

^ " " o * ^ • hHl/2) " a [ r K + ( l / 2 ) , t ] r r + ( 1 / 2 ) 4 * 

The external inductance Is given by 

c-^a^i^i^a^ct)2-^ (4) 

The plasma circuit model including the lower hybrid current drive is shown in 
Fig. 1. The neoclassical conductivity is calculated assuming a temperature 
profile of the form 

T Cr) - T fl - (r/a) 2l a + T . e eo L J edge 

The average temperature and Z ,, are determined from the zero-dimensional 
particle and energy balance section of the code. 
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Fig. 1. Plasaa zone aodel with SF current drive. 

7.4. PARTICLE AND ENERGY BALANCE 

The hydrogenic density, electron and ion thermal energy, and the neutral 
density evolution are described by the following differential equations: 

,*.» ^•")-».»;•%-V-^f «*";•" dc 

+ n n I , l : L f < a v > + <av>. ) + n * , U n f <av> + <jv>. ) , a o v ex inJ o a 1 ex tm>' 

- —fV n Q l • ? - P - p l a P u r - O - P - P e + P* 
2 dt<-Ve eJ *0H r i o n P ion 4 l e red P tran *, 

+ P* + P? - P. - P , + P.. + P e - Q 
b lew brem cycl lhw a ae 

,e 
comp 

(S) 

T 4rfV n^kX.,} - Q. + P 1 + Pu ~ P^ " P + P 1 

2 dt*- p i i' Hle COBD b tran ex a coap 

+ p 6 1 1 1 * 1 - p r j t n + ?

t h m 

b a a (7 ) 

_ d I , I I d ,„ I . I I s . „ dn , . . . 
Vv dt V " ' dtCVp 3 + r - - ^ (ex + imp)a (8 ) 
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In Eq. (5) S„ is the hydrogen ionization race coefficient and T an average n p 
particle confinement tine. The superscripts I,II refer to the two hydrogenlc 
species present. S ' is the source due to bean ions slowing down and 
theritalizlng. The alpha particle densities n and n refer to thermalized ?h a 

and fast populations respectively. The reaction rates <ov> and <jjv>. are ex its 
charge exchange and impact rates. In Eq. (6), P Q H is the ohmic heating power; 
F is the power due to compression, 

P
e ..ig I« 
comp 3 e R dt ' 

where VL is the electron thermal energy; P, is the power imput to the e o 
electrons by neutral beau heating; ?. is the power loss due to ionization; 
Q^ is the electron-ion power transfer; P is the power loss by electron 
transport; P_.J is the power radiated by impurities; P. " is the power lose 
due to Ionization of the impurities; P. is the breakdown RF power to the 
plasma; P^rem a n d Pcvcl a r e c h e P o w e r l o , t by bremsstrahlung and cyclotron 
radiation; P l h w is the heating power input by lower hybrid current drive; P 
is the power to Che electrons from the fast alpha particles; and Q is i a e 

electron-thermal alpha power transfer. In Eq. (7), P is the power due to CODp . 
compression; P. is the power to the ions from neutral beam heating; P is b tran 
the power lost by ion transport; P is the charge-exchange power loss; P is 

CX thm ^ 
the power transfer from the fast alphas; P is the power increase due to the 
addition of the thermal alphas; P. is the power due to the addition of the 
thermalized neutral beam ions; and P is the power lost by the ions to the 

ct 

fusion reaction. In Eq. (8) the recycling coefficient is assumed to be unity; 
r represents the fueling rate; and (dn/dt)(cx + imp)a is the charge exchange 
and impact due to alpha particle density rate loss. 

The principal uncertainty in these calculations is the transport model 
where the power losses are; 

P« - 1 ^ - S J a a n d Pi - | J L _ J L J > . 
tran 2 t tran 2 x. 

The code utilizes a number of empirical and theoretical energy confinement 
time models as input devices. In this way the system sensitivity to 
confinement scalings can be investigated. In all of the scaling laws, T is 
set to 3 T • 
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7.5. LOW Z IMPURITY MODEL 
The effects of low Z impurities in the startup phase are calculated by 

solving the rate equations for carbon and oxygen: 

IF °I • r o + vf - K V i + » .V»i + y l " e ) +lm2 7% • < 9 ) 

aT < V

P V " ne°k-l Sk-l ~ ne°k(Sk + "k-1 + ^k-l ne) 

+ WlK + V » J ~ T ' (k " 2 . . . 3) , (10) 
P 

St < V p°9 ) " ne°8S8 - »e°9(a8 + t a » e ) - ~ • <»> 
P 

A similar set of equations is solved for carbon. S^ is the ionization rate; 
<*. is the rshoto and dielectric recombination rate; r. Is the influx of neutral 
oxygen; and T is the average particle confinement time of oxygen. 

Fro* the population in each ionization state the energy loss by line 
radiation and ionization and recombination is 

9 
?tni-rT \n (12) ?rad " jlj "ft*<V°J • 

and 
a 
\ Pion " X Xj-^jOj ~ V . « W + I kVj B. 0J +l • ( 1 3 ) 

where AE. is the transition energy of line t of ionization state j; Cn Is the 
transition rate; and x is the ionization energy. 

At T > 100 eV line radiation is not important in the plasma core and a 
simple treataent Is used: 

^ V p O k - 0 , (k - 2 ... 8) , (H) 

4r(V 0, + I V 0. ) - r . (15) 
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For x " —i this corresponds to coronal equilibrium. Also, an approximate P treatment is usad for the neutral hydrogenic density 

i , i i 
nI»".-J__ + — £ _ _ . (17) 
o T n S. v n a. 

p e ion p e ion 
These calculations then yield Z ««. 

7.6. ALPHA PARTICLE AND NEUTRAL BEAM HEATING 
The energy deposition and particle source due to alpha particle 

production and neutral beam heating is calculated by a simple slug model. 
Several approximations are employed: 

1. No loss due to bad orbits, 
2. v ± - 0, 
3. Neglecting pitch angle scattering, 
4. No account for neutral beam penetration and deposition. 

The change in beam energy of a slug of beam particles with charge Z^ and 
atomic weight A. in 

+ in A. 
3/* c (kl *,^KK] G^]««] - (18> 

where 

The first term Is the energy deposited in the ions, the second is the energy 
deposited to the electrons, and the third term is due to coapressional heating 
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of the beam ions* When the alpha particles or neutral beam ion velocity 
1/2 becomes less than (SkT^/n. ) w , the slug of particles is treated as part of 

the ion energy resulting in both a source of particles as well as energy. The 
neutral beam is composed of full, half and third energy particles, which are 
handled separately in this calculation. 
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ABSTRACT 

In this report, a pressurized lobular blanket configuration is neutron-
ically optimized. The blanket configuration features the use of beryllium and 
LiAlOj solid breeder pins in a helium-cooled cross-flow pattern. One-
dimensional (1-D) neutronic optimization calculations are performed to 
maximize the tritium breeding ratio (TBR). The procedure Involves spatial 
allocations of Be, T,IA102, 9-C (ferritic steel), and He, in such a way as to 
maximize the TBR Bubject to several material, engineering, and geometrical 
constraints. Consistent with all imposed engineering constraints, a TBR of 
1.17 is achieved for a relatively thin blanket (=43 cm depth). 

8.1. INTRODUCTION 

The development of blanket concepts based upon individual pods or canis
ters has been pursued since the early days of conceptual fusion designs [1,2]. 
Several perceived advantages have been considered for these designs. Results 
from a recent blanket comparison and selection study (BCSS) [31 have Indicated 
that a combination of helium as a coolant and ceramic Li-bearing solid breeder 
can satisfy necessary neutronic and thermomechanical performance criteria. In 
a version of a GA blanket design [4], the Li~0 ceramic breeder has been pro
posed in the form of clad plates. The helium coolant temperature increases 
from the front to the back side of the blanket. Even though the energy despo-
sition profile in the solid breeder decreases rapidly with depth, helium flow 
can be controlled to achieve thermal homogeneity within the blanket. However, 
several critical areas remain unaddressed in the previous studies: 

1. The plate cladding structure, with its thin dimensions, may not be 
tolerant to thermal and irradiation inelastic strains resulting in 
reduced lifetimes. 

2. Box-type structures are generally prone to stress concentrations at 
corners, leading to early failure. 

3. Even though Li 20 has a higher lithium atom density as compared with 
LlAlOj, its swelling rate Is about an order of magnitude larger. 
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4. With a greatly reduced structure-to-breeder ratio, the breeding ratio 
was found to be marginal [4]. 

Recent efforts undertaken at CEA Saclay (France) have concentrated on 
clad breeder elements. This has been dictated by the desirability of main
taining a reasonable breeder geometrical integrity and a well-controlled 
working temperature. Their studies of canister blankets with beryllium 
multiplier and solid breeder indicated that better tritium breeding is 
achieved when beryllium is mixed with the solid breeder [5]. However, the 
chemical compatibility problems, which are crucial for the viability of such a 
design, remain to be resolved. 

In the present study, we adopt the following: 

1. A pressurised lobular configuration is used rather than the canister 
configuration. This allows for flat side plates as shown in Fig. 1. 
The configuration is well suited for tight-fitting locations (i.e., 
the in-board blanket). A high volume fraction can thus be achieved. 

2. Pressurized helium flows in the radial direction, achieving thermal 
homogeneity, as described in Ref. [6J. 
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3. The use of beryllium in the front zone of the blanket is consistent 
with its thermo-physlcal properties (i.e., high conductivity). The 
lower conductivity breeder material is used deep inside the blanket 
where the nuclear heat generation is lower. 

4. Beryllium and solid-breeder pins are arranged such that helium cross-
flow conditions are achieved. The small size of the pins ensures 
minimum temperature asymmetries. This is shown to result in minimal 
bowing and deflections within the blanket [7], 

5. The side plates are tapered from the back to the front in order to 
accommodate the high internal pressure in a stand-alone, hypothetical 
accident scenario (see Ref. [8]). 

We present here the results of neutronic optimization calculations of a 
solid-breeder blanket. The objective is to optimize the spatial material 
allocations in the blanket, consistent with a number of engineering 
constraints, the materials used in the present analysis are given below: 

1. Structural Material: Low activation material 9-C. This material, 
which is structurally equivalent to HT-9, has the following 
composition [9]: 

Cr - 11.8115 C - 0.O97X V - 0.28% 
W - 0.89% Mn - 6.47SI Si - 0.11% 
S - 0.003Z P < 0.005% S < 0.005% 

Fe » remainder 

The 9-C structural material Is used for the lobe shell as well as for 
cladding the solid breeder material. 

2. Solid Breeder Material: LiAlO,, with variable enrichment of Li to be 
determined by the optimization study. 

3. Neutron Multiplier: Beryllium. 

4. Coolant: Helium. 
5- Shield-1: Water and ferritic steel Fe-1422. 

6. Shleld-2: Water, ferritic steel Fe-1422, and B^C. 
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8.2. SYSTEM CONFIGURATION AND MODELING 

One-dimensional neutron transport calculations have been typically based 
on a cylindrical approximation to the toroidal geometry. The ANISN neutron 
transport code [10], which uses the S-N method of solution to the transport 
problem, provides for approximate 1-D solutions for Infinite slabe or 
cylinders. The actual blanket configuration (Fig. 1) reveals more geometric 
details than can actually be modeled in 1-D calculations. For example, the 
solid-breeder pins are also clad with the 9-C ferritic meterial. A cross 
section of a typical pin is shown in Fig. 2. To determine such details, many 
engineering factors have to be considered. The final blanket configuration 
must result in acceptable neutronic and thermostructural performance. A basic 
consideration, however, is how to maximize the tritium breeding ratio by an 
appropriate spatial distribution of materials without exceeding or conflicting 
with other engineering constraints. 

A 1-D model is obtained by treating the various zones as shells of 
infinite height. Materials are smeared within each zone according to their 
densities. This is consistent with a flat flux approximation where self-
shielding effects are neglected. 

He PURGE CHANNEL 

LiAlDE BREEDER 

GAP 

9-C CLADDING 
Fig. 2. Cross section of a typical breeder pin 
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The neutron transport and gamma production cross sections were obtained 
as a coupled set of 46 neutron groups and 21 gamma groups produced by the AMPX 
modular code system III] from the nuclear data in ENDF/B-IV. The cross 
sections were weighted with a 1/E spectrum for E n > 0.345 eV, and with a 
Maxwellian distribution for E n c 0.345 eV, The gamma interaction cross 
sections were uniformly weighted. Because of cost limits, the 46 neutron--
group cross sections were collapsed to a smaller number of groups. 

In the next section, we describe the methodology adopted in this 
optimization study, outlining the basic principles of the technique. This is 
followed by the results of optimization studies, starting with modeling an 
idealistic system without any constraints. This is then followed by modeling 
a system that is more realistic with appropriate engineering constraints. 

8.3. THE SWAN OPTIMIZATION CODE 

SWAN [12] is a code developed for the analysis and optimization of the 
nucleonic characteristics of CTR blankets. Any nuclear system that is 
described by the inhomogeneous linear transport equation, can be analyzed by 
the SWAN code. 

SWAN Is composed of two modules, SWIF and ANISN. ANISN [10] is a 1-D 
discrete ordinates transport code. SWIF is a code developed for perburbaticii 
calculations and optimization studies. 

The type of optimization problems that can be handled by SWAN can be 
characterized as follows. Given the external source distribution 

S(x) £ S(r_,E,,fl , (1) 

and the atomic density distribution N^Cr) for all I materials, the density of 
which are variables of the optimization, find the material density 
distribution that will extermlze the functional F e(N 1,N 2, ..., Hj) subject to: 

1. The constraints imposed by the density limits 

Nj^Cr) < K^r) < N m a x(.r) < Nj(r) , (2) 

where these densities are assumed constant In each zone. N m a x is the 
maximum allowable material number density and N°(_r) is the natural 
material density at location r. 
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2. The constraint on the total volume fraction available 
I N.(r) 
I — » const < 1.0 ; (3) W Kj(r) 

3. Preservation of the value of the constraints [denoted by the 
functional F (N,,^, •.., Nj)] Imposed on the problem. 

The characteristic to be ext rend zed CF C) can be either of two general 
categories: weight-type or nucleonlc. A weight-type characteristic is any 
characteristic expressible In the form 

I 
7 ,(N,,N„, .... N T ) - V f drC AT) S. (r) , (4) FW ( N1' N2' •"» V " I I dj-Cw,l(^> V £ > 

to be referred to as a weight functional. A nucleonlc characteristic Is one 
expressible 1- the form of a bilinear functional: 

F b C N r N 2 , ..., Nj) - / di[<$,s£> + <$£,S> - <*^,H*>] , (5) 

(using the notation <,> for // dE dQ_) where the flux <f> = $(j_,E,jl) and adjoint 
*K s •t,(jr.,E,Jl) are the solution of, respectively, the linear Boltzmann 
equation and its adjoint 

H<(i(_r,E,£ 3(r_,-t.S.) | 
and j . (6) 

H%£(r.,E,n) - s£(r_,E,il)J 

Consequently the functional has the value 

* b " J dX<*.S^> - J d£<4>*,S> , (7) 
provided the condition 5(r_ - ,rs)<frD\r_»E,.£2) • 0 is satisfied at the system 
surface boundary _r_3 for the outer directions, (n«Q) > 0. The adjoin': source 
term S b is to be selected so as to give the adjoint function, and conuequently 
the functional, an adequate physical meaning. 
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An effectiveness function (EF) may be defined for a bilinear function ««: 

S,i^>5<**S^ -<>W±» • < 8 ) 

and for a weight function as: 

•*,!<£> « Cw,i<£> • < 9> 

The substitution effectiveness function (SEF) is defined as follows: 

N°(r) 
Qt(r) = e^r) - e ^ ) -J , (10) 

1*1 <£) 
so that 

I 1-1 
«F - I J dr e,(r) 6S. - J / dr Q. (r.) fiM, . (11) 

i-l X X 1-1 * X 

Equations (10) and (11) hold for both bilinear and weight functional. 
The material densities for the nth iteration are obtained from the 

parameters in the i'n-i) iteration frwi the relation: 

n£(r) - N£ - 1(r) + AJ <£"}(£) + B£ Q*~}(r) • (12) 

The procedures for calculating the A. and B, are described in detail in 
Ref. [12]. 

8.4. OPTIMIZATION RESULTS 

8.4.1. PRELIMINARY CALCULATIONS 
Preliminary calculations were first performed with slab geometry as shown 

in Fig. 3. In this case, we assumed 60S enrichment of the Li in LiA10~ at 
95Z of the theoretical density. Volume fractions were taken as 0.4 for 
LiA102t 0.18 for 9-C, and 0.48 for He. The first shield was assumed to be 95* 
Fe-1422 and 5Z HnO, while the second shield was assumed to contain 45% Fe-
1422, 52 H 20, and 502 B^C. Reference calculations were performed using the 
S16-P3 approximation. 
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He 
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Fig. 3. A 1-D model for preliminary calculations 

Several runs were performed with plane and cylindrical geometry options 
in the code. It was found that the results for both the TBR and various 
reaction rates are within 0.01*. Because of the coat of optimization 
procedures, a smaller set of groups was used. A small library of 9 neutron 
groups and 3 gamma groups was created by collapsing the basic library of 46 
neutron groups and 21 gamma groups, using flux weighting from preliminary 
blanket calculations. It was found that the TBR is within 10%. Moreover, the 
relative spatial allocation of materials was relatively unaffected. 

8.4.2. STAGE I OPTIMIZATION: MAXIMUM TBR 

The objective of this phase of the study is to allocate various materials 
in fixed geometry in order to obtain the maximum tritium breeding ratio. The 

the 
The 

choice of materials is limited to LiA10 2, 9-C, He, and Be within 
blanket. The composition of the two shields was not changed, however 
arrangement of materials is shown In Fig. 4. 
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HT-0. He 

Uuifold 

HT-9 
H« 

Shield 1 

Fe 1422 
He 

Shield 2 

Fe 1422, F . J 

11.51 70 | 10 | 20 J 50 
Fig. 4. A 1-D blanket model for maximum TBR 
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Starting with a uniform distribution of materials in the blanket, the 
SWAN code calculates the effectiveness of each material at each spatial 
point. New material distributions are then calculated using the method of 
steepest descent. No constraint is imposed on the distributions except that 
the volume fractions must be positive and must add up to unity. The new 
material distributions are then used to calculate a new value of tritium 
breeding ratio and to generate new effectiveness functions. This Iterative 
scheme is repeated until convergence is achieved. 

First, it was found that the TBR was increased from 0.94 to 1.54, an 
increase of 642! due to the optimized allocations. Figure 5 indicates that the 
TBR is very sensitive to the location of Be. The material distributions 
(Fig. 5) display similar trends as the effectiveness functions. Beryllium is 
shown to occupy the front zone of the blanket, with small contributions from 
other materials. Except for the front section, where Be is dominant, all 
other materials maintain a uniform distribution with the following ratios: 
(1) Breeder to structure ratio »4, (2) Li° enrichment of 60X. Nuclear 
heating, like most other reaction rates, was found to be high in the front and 
to decrease rapidly with depth. In LiAlO*, the heating rate was found to be 
high (126 W/cm 3). 

> • 

.7-

J -
\ 

s ,S- \ 
• H 
1— \ u \ 
£ 

4 -

\ UHMtt 

1 4 - s^\~^ UCTJU« 
J^ / ^^"^^ 

. 1 -
If \ W-S 

. 1 - f/̂ -̂̂ ^ . 1 -

o s io is io * io_k__fe is. Jo h k . k ? 

Fig. 5. Results of optimum material distributions for 
maximum TBR for He-cooled design 
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A comparative study was then performed for a water-cooled systetL. All 
other materials, as well as the geometry, were adopted from the previous 
helium case. Figures 6 and 7 show the TBR effectiveness and material alloca
tions, respectively. The effectiveness is shown for the first iteration, 
while the allocations are given after convergence was achieved (21st itera
tion). It can be observed that the material distribution is similar to the 
He-cooled blanket case. However, the Be volume fraction reached a maximum of 
1.0, while it was only 0.78 for the He case. Most of the other features of 
the results are very similar to the helium case. After 21 iterations, the TBR 
was found to increase from 0.94 to 1.7, an increase of 792. The heating of 
LiA10 2 was found to be exceptionally high in Zone 1 (870 W/cm ), dropping to 
180 W/cm in the second interval. It is to be noted that these high rates are 
only for few atomic layers and should not be considered indicative of the 
average value over rod dimensions. 

8.4.3. STAGE II: TWO-ZONE CONSTRAINED BLANKET 

Even though very high TBR values were obtained in the previous case (1.54 
for He and 1.7 for K,0), the spatial allocation of materials was not subject 
to geometrical or engineering constraints. He then attempted to Impose rea
listic constraints on the optimization. A two-zone blanket was first subjec
ted to analysis and optimization, where a beryllium zone was introduced behind 
the first wall. This zone comprised 6 rows of l«71-cra-thick unclad Be rods 
(0.3 cm rod spacing). The composition of this zone was not changed during 
subsequent optimization. The back zone of the blanket was a mixture of 
LiA10 2, 9-C, and He, with a fixed Li 6 enrichment of 602. The structure to 
breeder ratio was varied and its effect on the TBR was studied. With a col
lapsed library of 12 neutron groups, the TBR was found to be reasonably insen
sitive to this ratio (Fig. 8). Calculations with the full 46-group library 
resulted in a TBR of 1.42, which is 8% lower than the 12-group results because 
of spectral differences. 

The nuclear heating was found to be high in the front of the second zone, 
with a cell average value of 65 W/cm . However, averaging over separate 
materials showed even higher values reaching 98.8 W/cnr In LIAIO2 alone. 
These high heating rates have led to temperatures well above the 1100°C limit 
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set for LiA10n» This, in turn, led to the next and final optimization step of 
including temperature limits as well as density constraints. 

8.4.4. STAGE ITI OPTIMIZATION: REFERENCE DESIGN 

First, nuclear heating and rod temperature limits were considered as 
drivers for the blanket arrangements. Based upon the results of previous 
stages a 3-ione arrangement was set: 

Zone 1: 6 rows of bare Be rods (1.7 cm o.d.) 
Zone 2: 5 rows of LiA102/9-C rods (1.22 cm o.d.) 
Zone 3: 6 rows of LiAlOj/a-C rods (3.22 cm o.d.) 

The cladding thickness was chosen as 0.1 cm, with a nominal gap thickness of 
0.01 c*. The distance between adjacent pins was taken as 0.3 cm. Thermal and 
mechanical considerations for these choices can be reviewed in Refs. [6] and 
171. The final blanket configuration is shown in Fig. 9. 
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Fig. 9. Final configuration of optimized reference blanket 

Throughout all previous optimization studies, the breeder density was 
taken as 95%. However, modeling of tritium transport Indicated that such a 
high density may result in unacceptable tritium invantory [13]. Consequently, 
the density of LiAlO, was reduced to 85% of the theoretical density. 
Furthermore, the total blanket depth was reduced to about 0.5 ra, lnc1>rc.i.ng 
helium gas manifolds, so that modules can fit either In the out- or in-board 
sections of the tokamak. 

It was found that with all of the previous constraints and the 
reasonably short blanket modules, the tritium breeding ratio is 1.175. 

For a 14.1 MeV neutron Incident on the first wall, the Integrated values 
of nuclear heating were as follows: 
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First wall: 2.45 MeV 
Beryllium 5.25 MeV 
L1A10 2: 8.85 MeV 
9-C cladding? 1.52 MeV 
Manifold section: 0.54 MeV 
Shield Is 2.20 MeV 
Shield 2: 0.34 MeV 

TOTAL: 21.15 MeV 

As can be seen, the heat generated in the first wall, Be, LiAl02/9-C, and 
manifold section is 18.61 MeV, yielding an energy multiplication factor of 
1.32. The actual volumetric heat distribution in the blanket is shown in 
Fig. 10. It is to be noted that the maximum values for LiA102 heat generation 
rate is 179 W/cm , while that for Be is 35 W/cm . However, when averaging is 
performed over rod dimensions, the following maximum values are obtained: 

Beryllium: 35 W/cm 3 

LiA10 2 (1.22 cm o.d.): 127 W/cm 3 

LiA10 2 (3.22 cm o.d.): 21 W/cm3 

These values were found to result in acceptable temperature distributions 
within the breeder and Be rods [6]. 

The distribution of tritium production in the LiA102 throughout the 
blanket is shown in Fig. 11. It was found that the average tritium production 
rate is 4.31 x 10 wppm/s (1359 wppm/hr). However, 76% is produced In the 
first breeder zone and only 24Z is produced in the back breeder zone. Nearly 
99X of produced tritium was in Li reactions. Tritium was also found to be 
produced in beryllium, with an average rats of 122.8 appv/y and a maximum 
value of 204.5 appm/y. 

Helium was found to be produced in all blanket materials (Fig. 12). 
However, the production rata of helium in LIAIO2 was found to be exceptionally 
high, reaching a maximum of 85,000 appm/y. Displacement damage rates in the 
first wall, LlAlOn breeder, and the 9-C cladding, are shown in Fig. 13, The 
aaxiium first wall value is 64 dpa/y. 
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8.5. CONCLUSIONS AND RECOMMENDATIONS 

The present calculations have shown the viability of a pin-type solid 
breeder blanket for tritium breeding. Engineering materials and geometrical 
constraints were all considered self-consistently, without a sacrifice of 
tritium self-sufficiency. Moiaover, the final reference blanket ta quite 
thin, with a total depth of 46.3 cm including the manifolds and first wall 
zones. The amount of breeder material is small, since the solid breeder zone 
is only 21.8 cm. The reference blanket can therefore be used in in- or out
board configurations. It was also found that all reaction rates display a 
steep dependence on distance into the blanket. Thus, across the breeder zone 
only, the tritium production rate decreases by a factor of 25, the heating 
rate by a factor of 16, and helium production by a factor of T6. As in many 
other blanket designs, this behavior is a result of the nature of the fusion 
reaction, producing neutrons that impinge on one side of the blanket. The 
volume utilization of the blanket is less than optimal, and consequently, the 
design can be further improved. 
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9.1. INTRODUCTION 

This study supplements a larger study of a solid breeder blanket design 
featuring lithium ceramic pins. This aspect of the study looks at tritium 
transport, release, and Inventory within this blanket design. I^O and 
Y-LiAlOg are the two primary candidates for ceramic solid breeders. Y-L1A102 
was chosen for this blanket design due to its higher structural stability. 
Analysis of tritium behavior in solid breeder blankets is of great importance 
due to its impact on several critical issues: the generation of an adequate 
amount of fusion fuel, the safety-related Issue of keeping radioactive blanket 
inventories as low as possible, end the release, purge, and economical 
processing of the bred tritium without undue contamination of the coolant and 
other reactor structures. 

Tritium inventory is related to both transport (diffusive) and solubility 
(thermodynamic) properties [1). Tritium recovery is achieved by passing 
helium through the purge channels *nd porosity of the ceramic to sweep out the 
tritium. Tritium diffusion plays a major role in determining tritium 
inventory: the slower the diffusion, the longer the residence time within the 
blanket, and the greater the diffusive inventory. This phenomenon is very 
temperature sensitive, with the diffusion coefficient generally varying as: 

D - D 0 exp (-Q/RT) (1) 

where Q Is the activation energy for diffusion in kcal/mol, R is the ideal gas 
constant equal to 1.987xl0"3 kcal/mol/°K, D 0 is a pre-exponentiai factor, and 
T Is In units of degrees Kelvin. Both D and D a are in units of cm2/sec. 
Experimental determination of diffusion coefficients is very Important in 
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estimating blanket inventories. Experiment a on both LigO and LiAlC>2 show wide 
variations in the experimental coefficients, likely due to both variations in 
experimental conditions and in the grain sizes used in each experiment. 
Figure 1 shows this situation for I^O. 

For Li 20, the recent BCSS and FINESSE studies [2,3] have used the 
diffusion coefficient obtained by Guggi ej£ al. [4] because of the well 
characterized grain sizes used and the controlled experimental conditions: 

In (D/cmV 1) - -(5.93 ± 0.48) - (19.52 ± 1.01 kcal/mol/RT) (2) 

measured between 850 and 1200°K. 
LIAIO2 shows even greater variation in experimental coefficients. 

Briining, Guggi, and Ihle [5] determined a value of: 

In (D/cmV 1) - -5.78 - (19.3 kcal/mol/RT) (3) 

between 878 and 1178°K. However, the TRIO-01 experiment [6] determined a 
value of: 

In (D/cm 2s _ 1) - (-13.7 ± 1.8) - (35.8 ± 3.9 kcal/mol/RT) (4) 

which has been taken as the reference value in the BCSS and FINESSE reports. 
Choice of D can change the calculated tritium inventory by several orders of 
magnitude; this mandates an accurate characterization of the coefficient for 
the relevant blanket conditions. 

The solubility effect is most significant for LijO, with increased 
tritium inventory from HTO/T2O dissolution and LiOT formation: 

9-2 



10' 

TEMPERATURE. «C 
1400 1000 800 600 400 300 
pr 

I0"» r-

|0-« — 

1 ' 1 1 
NEW 0 T DATA FOR SINGLE 
CRYSTAL L i 2 0 (GUGGI «t ol) 1983 . 

f OVASILIEV (19791-
QOKUNO (1981) 

„ / A|KUOO (1961)= 

OQUGGI (1976) 
• WISWALL (I977H 

V ONASU (1977) 
DoOKATSUTAfOai): 

\ D H O K A T S U T A ( I 9 B I ) : 
\ 0 . AN DO (19601: 
\ D i OISHI (1979)-

j 
0.6 0.8 1.0 1.2 1.4 

1000 K/T 
TenperaCure dependence of diffusion coefficient3 of trit i iw, 
oxygen, lichiun, hydrogen, end deuceriua ia Li_0. 

9-3 



Li20(s) + H 20(g) — 2LiOH(s) . (5) 

One experiment was reported [1] which measured the solubility of H 20 in Li 20 
as a function of temperature from 973 to 1273°X to give an analytical 
expression for the concentration of dissolved LiOH: 

l o S (xI.iOH> " < 0 - * 2 7 + 1.700X10'4 T) log ( P H 2 0 ) 
+ (-17.667 + 2.502xl0"2 T - 9.62xl0"6 T 2) (6) 

where X L ^ 0 H is the mole fraction of LiOH, P H 2 0 *•* t n * E*» phaue partial 
pressure of H 20 in atmospheres, and the temperature is in degrees Kelvin. The 
chemical properties of hydrogen and tritium are virtually identical. 

Above a threshold pressure of H 20 a separate LiOH/T phase will form, 
tying up tritium in a stable form difficult to remove from the bulk of the 
Li 20 ceramic. Experimental values for this critical pressure were determined 
in the range of 573 to 894°K [7]: 

log P H2o " -6718/T + 6.45 , T<723°K (7) 
log P H 2 0 - -4406/T + 3.27 , T>723°K 

with 723°K the melting point of LiOH. These results are given in Pig. 2 (from 
Ref. [8]). Higher temperature allows a higher critical partial pressure of 
H 20 before onset of L.10H/T phase formation, but it also increases the LiOH/T 
solubility (eq. 6). 

Experimental values of activity coefficient data indicate thermodynamic 
non-ideality for Li 20 [9]. A positive deviation from ideality was determined 
indicating a lower LiOH solubility than for an ideal solution, a favorable 
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result for decreased tritium inventory. The thermodynamic data used for ideal 

solution calculations was taken from the JAHAF tables [10]. 

The greater LiOH solubility at higher temperatures and partial pressures 

of HjO has another unfavorable result: greater LiOH vapor pressure outside the 

LijO ceramic causing lithium transport from the ceramic and the structural 

corrosion problems associated with LiOH. 

9.2. PREVIOUS EFFORTS IN TRITIUM TRANSPORT MODELING 

One of the earliest attempts to model tritium blanket inventory was the 

STARFIRE [11] reactor study. The model was relatively crude, using 

macroscopic variables in a percolation modal to approximate T2O partial 

pressures within the large pores, and using an assumed average partial 

pressure of one torr in the LiAlO^/A^Oj equilibrium to obtain a very 

approximate value of 13 wppm tritium or 8.1 kg of blanket inventory at 1000°K 

and It lithium burn-up. 

Far more refined models were devised for the BCSS and FINESSE studies to 

approximate blanket inventories. All models begin with the simple analytical 

solution of tritium diffusion in a spherical ceramic grain. By assuming zero 

tritium concentration at the grain boundary, a simple equation can be 

established for the inventory within the grain: 

h " T i Vg (8) 

with the mean residence time within the grain given by: 

T - r 2/15D . (9) 
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D is the previously defined diffusion coefficient, r_ the grain radius, g the 

tritium generation rate in grams/sec/cn^, and V„ the grain volume, After 

applying various summations and correction factors for the temperature and/or 

generation profiles over unit cells and the blanket as a whole (described 

below), a value is obtained for the tritium diffusive inventory (Ij) 

throughout the blanket. Additional inventory can be associated with tritium 

solubility within the ceraaic (I a), adsorption of tritium on the surfaces of 

the grains and the larger pellets (I,), tritium diffusing through the grain 

boundaries (I_), and tritium passing out through the purge gas within the 

porosity/percolation/purge stream convection (Ip). The entire inventory 

within the breeder can then be represented by; 

lb " ^ + Is + la + *g + Ip • (10) 

These interrelated physical phenomena can be visualized using the schematic in 

Fig. 3. If the entire inventory throughout the blanket is considered, then 

contributions due to contamination of the coolant (I c) and the metal structure 

from permeation (I a) can be added: 

!total - lb + *c + !m • a 1 ) 

Models have been devised to approximate all inventory contributions within the 

breeder except for grain boundary diffusion. Each model has assumed that, 

analogous to diffusion within natals, the transport of tritium within the 

grain boundaries is so rapid relative to the bulk diffusion rates that it 

could be neglected as a significant contribution to total, blanket inventory. 
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From the basic aquation for diffusive inventories within a sphere, an 
equation can be established to represent the diffusive inventory within a 
characteristic unit cell of tha blanket: 

*wll " / r g <1 - «) d7- (12) v call 

with € the fraction of porosity within tha breeder. The diffusive inventory 
is calculated by sunning ovor all unit cells. 

For plate-type solid breeders, with tha length of the plate and the 
coolant path positioned radially from tha plasma, the above aquation is 
converted to; 

Opiate " Gp / M O [/ TOI,{) dJfJ dt (13) 
J-in JQ 

with G p tha total generation rate for the plate in grama/sec, $ the normalized 
position along the coolant path, h(£)-g<£)/g~ tha normalized tritium production 
rate along the $ direction, 17 the normalized position along the thickness of 
tha plate, and T defined by eqs. 1 and 9 but with T-T{£,7». The only 
published results from this model (12] used the simplifying assumption of both 
blanket heating rate and tritium generation rate varying with the same 
exponential dependence along the coolant path, i.e.: 

S(*> - Bmax « P [-«(« + 1/2)] . (14) 

Different values of a were then used for purposes of comparison. For detailed 
calculations, this study found equation 14 to be not applicable over the 
entire blanket. The results of a preliminary neutronics calculation were 
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plotted in Figs. 4 and 5 to test this approximation. Although the exponential 
dependence with radial position is true on average, the greater neutron 
populations just beyond the beryllium ions and reflected by the shield cause 
significant deviation from the exponential approximation. 

Models of cylindrical unit cells employ the simpler equation: 

(Id>cyl " f 5cyl r g
2/15D<T) (15) 

where 

f - <J3 - WlJ exp [<Q/RT)<T/T - 1)] dif (16) 
1 

with 0- r 0
2/ri 2 and i) - r 2/r£ 2 for rj the unit cell inner radius, r 0 the unit 

cell outer radius, and r and T the local position and temperature at any point 
between rj and r 0. This equation requires evaluation of the diffusion 
coefficient at only one value, the voluae-averaged temperature f, for each 
unit cell. Equations can be used for T and T, given T m a x and T m i n , or actual 
values can be used for a known or given temperature profile. 

For the solubility inventory, BCSS [13] first makes a calculation for an 
assumed situation for LigO to make a qualitative comparison with 1^; the 
result was a solubility inventory of about ten times the diffusive. A more 
realistic evaluation was then employed by BCSS [14] asing temperature profiles 
over a blanket-averaged breeder pellet and calculated pressure and 
concentration distributions of T2O within the breeder pores to obtain a 
solubility inventory about 3300 times that of the diffusive inventory for a 
LijO blanket. 

Estimates of low to negligible tritium solubility inventories for L1AIO2 
were thermodynamically evaluated or assumed by several studies: STARFIRE, the 
GA Technologies Inc. model in BCSS [14], and the TRIO experiment. 

9-10 



i 1 U UtngA»*jM ****** 8 

1 
2 

=1 
IE t 1 fi 9 5 1 £~~& 

DISTANCE INTO SECOND " " " ZONE (ci) 17 

Fig. 4. Volumetric heating for (a) first zone; (b) second zone. 

9-11 



1E«* 

:s Ti 1 M&NCE 1V& ZONE % & 

u 
n 

3 

^ f l Is Jii fT~~T5 .il.5 ji.S t 14.5 16. 
DISTANCE INTO ZONR fen) 

Fig. 5. Tritiim generation rate for (a) first zone; (b) second zone. 

9-12 



Inventory baaed on surface adsorption is a big question due to United 
experimental data and problems of Interpretation of results. The only 
experiment attempting to interpret surface effects is the TRIO experiment. 
Thirty-three irradiation runs of Y-LiAl(>2 pallets vera made under varying 
conditions. Those runs with 0.1% hydrogen in the helium purge gas were 
interpreted to exhibit bulk diffusion as the rate-Halting step; tritium 
raleaaa was assumed to be uninhibited by surface adsorption, and the surface 
inventory was assumed to be negligible. Any changes in tritium release due to 
alteration of purge stream composition was attributed to surface effects and a 
non-negligible surface inventory. The conclusions drawn were I, - 3 ± 2 wppn 
for Lixio 2 blankets with pure helium purge and 1 , - 0 for 0.1% Hj> within tf.te 
purge gas. Both BCSS and FINESSE assumed 0.1% Hj in the purge gas and used 
the 1 , - 0 assumption in modeling LlAlOj blankets. 

The inventory attributed to poroaity/percolation/purge stream transport 
can be approximated by applying mass balance and ideal gas law considerations 
to an aquation from BCSS [IS]: 

(1/e - 1) R f g r* f G» 
P A - <PA>i + *-* (17) 

where A is the tritium species, (PA)i the partial pressure of A in the purge 
stream, e the interconnected (as opposed to closed) porosity fraction, V the 
average temperaturo within the porosity, g A the generation rate of A per unit 
of 100% dense ceramic volume, W A the molecular weight of A, f(/3) - In 0- 0 + 1 
for maximum P A or f(0) - (1 - 0 ' 1 ) " 1 In 0 - 1 for average P A, and all else 
defined as before. These equations assume a cylindrical unit cell with the 
purge tube located next to the central coolant tube. The ratio of the mean 
free path for molecular collisions to the average pore radius A./rp determines 
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what equation to use for the calculation of D #(T). Different values of D e(T) 
are obtained if the transport of the tritium species within the porosity is 
dominated by Knudaan diffusion, ordinary molecular diffusion, or some 
intermediate regime. FINESSE [16] reports an error of ±20% with this model 
and ita assumption of an isothermal unit cell, and calculates a typical rise 
in tritium partial pressure across a unit cell of less than one pascal. 

The GA Technologies model of tritium inventories for the BCSS 
helivui-cooled blanket design is the only one to approximate porous inventories 
in a blanket design. For all BCSS blanket designs, a value of 0.04 g tritium 
within the porosity was calculated. This OK model, based on the TRIT4 computer 
code, is the most comprehensive to date in attempting to simultaneously model 
the diffusivd, solubility, and porous contributions to tritium inventory. 
However, it still suffers from the weaknesses of the assumptions it employs, 
and the limited experimental basis upon which those assumptions were made, The 
assumptions of both the GA and other models which require greater scrutiny are 
discussed below. 

No model has yet been compared to * numerical analysis of inventory over 
the blanket based on calculated temperature and tritium generation profiles. 
The only model using radial temperature and generation profiles assumed 
idealized exponential spatial dependencies Identical for both profiles, and 
then analyzed the results for three different examples of exponential 
decrease. All other models simply applied average volumetric heating and 
generation rates to a blanket-averaged unit cell, and scaled up to an 
approximate tritium inventory. The overall accuracy of this approach has not 
been evaluated. 

All models are based on experimental diffusion coefficients which vary 
significantly from one experiment to another. This uncertainty is especially 
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trua for LlAlOj. For example, the BrUnlng ££ ai. values [5] would 
substantially reduce the calculated diffusive inventory and remove perhaps the 
greatest argument against the use of LiAl0 2 with respect to LijO. 

Only one transport node has been considered significant in any of the 
models, that of bulk diffusion and release. All models assume the surfsee 
inventory and grain boundary effacta to bo negligible, and only limited 
attempts have been made to investigate their roles. A real question remains 
over the relevance of surface effects. As mentioned previously, surface 
effects and inventories were assumed significant for LiA10 2 in * pure aaliura 
purge stream in the TRIO experiment. 

The simplest possible boundary condition has been used in all models, 
i.e. zero concentration of all tritium species on the spherical grain 
surfaces. Any non-zero boundary value assumptions would alter the analytical 
solutions for the diffusive inventories. 

Solubility effects are poorly modeled at present. The GA model made 
solubility calculations for Li 20, but it appears an average T 20 partial 
pressure within the porosity was calculated using equation 17, and the 
thermodynamic equilibrium equations for LiOH solubility were employed for an 
overall solubility inventory. Lack of background for the TRIT4 calculations 
precludea detailed analysis. A model more detailed than average equilibrium 
calculations may be in order. 

Effects due to chemical reactions, particularly oxidation and reduction 
effects within the breeder and purge stream, are very poorly understood. The 
large majority of experiments prior to TRIO found T 20 to be the predominant 
tritium species released from the breeder. However, TRIO determined 94% of 
the release to be in the form of HT and T 2. The mass of the released species 
may affect the calculations for I p (although this is insignificant compared to 
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1^ + I s values), but acre Important are the problem* of tritium permeation 
through the metal structures and coolant which are far more severe for HT and 
T2 than for HTO or T2O. Any oxidation effects vithin the breeder itself could 
have profound effects on tritium inventory and release, as TRIO discovered 
when 0.2% O2 was added to the purge stream and release kinetics were disturbed 
well after the purge was returned to the K*2/He combination. Experimental 
evidence [17] of globular elemental lithium, a potent reducing agent, has been 
found after Irradiation. Some thermodynamic calculations Indicate 
preferential release of HI or HTO under different oxygen activity regimes 
[18]. Hone of these affects has been incorporated into a comprehensive model 
of tritium inventory. 

A major weakness of all inventory calculations is the total lack of any 
radiation effects models. No firm conclusion of radiation effects can be 
drawn from tha experiaar.es {6,19}, most of which ware based on small lithium 
burn-ups relative to blanket .lifetimes. Significant radiation tre '.ng and 
detrapping would have profound effects on tritium release calculations. 

No significant modeling of the change of ceramic properties over time has 
been done, e.g. grain growth, pore cloaure due to sintering, possible 
formation of release pathways by internal gas generation, restructuring of the 
solid and pores over time (as with uranium oxide fuels), effects this 
restructuring will have on thermal conductivity, temperature, and diffusive 
profiles, and the effects extended lithium burn-up will have on tritium 
generation and inventory profiles across the blanket. The discussion of the GA 
model mentions the use of reduced thermal conductivities for Li20 and LiAl0 2 

under high neutron fluence, but no discussion is made of any time-dependent 
effects. 
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Additional Modeling is also needed for change of inventory and release 

profiles under start-up, shutdown, and non-continuous operation. Little work 

has been done in this area: Halted modeling of a faw TRIO transients and some 

calculations of tritium release and inventory fractions over tine for one of 

the BCSS LIAIO2 blankets. 

9.3. MODELING OF TRITH3M TRANSPORT FOR THE CURRENT BLANKET DESIGN 

Blanket tritium release and inventory for this pin-type solid breeder 

design is based on the DIFFUSE code developed by H. Baskcs [20,21]. This code 

provides numerical solutions of the diffusion equation for one or two 

diffusing species in up to five different materials. Although primarily 

designed to study hydrogen permeation effects In metals, it can also nodal 

tritium generation, inventory, and release in solid breeders by a convenient 

choice of input parameters. 

DIFFUSE calculates the one dimensional diffusion of atoms within a 

material of specified properties for a variety of initial, source, and 

boundary conditions. The diffusive equations used are given by Fick's laws: 

(18) 
r c.(x,t)Q -i 

JWx.t) - -D*(T<x,t)> VcWx.t) +—1 =-v"T(x,t) 
J J L J kT(x.t) 2 J 

3cj(x,t)/8t - -VJj(x.t) + Gj(x) - £ 3c T
1 J(x,c)/at (19) 

where c.i(x,t) Is the concentration of the j1-** diffusing species, cxi^(x,t) 

represents the concentration of the j " 1 species in the i6*1 trap, Q* is the 

heat of transport, Gj(x) is the implant (generation) source term for the j c " 

species, and all other terms have the standard meanings. 
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Solutions can be obtained for planar, spherical, and cylindrical 
geometries, where the spheres and cylinders can be hollow or solid. Trapping 
of the diffusing species can be modeled by DIFFUSE, a very convenient feature 
for modeling radiation trapping effects. For the i1-*1 type of trap, the 
governing equations are: 

o ^ x . t V a t - Dj(T(x,t)) cj(x.t) C ^ x . t ) / * 2 (20) 
- cT

lJ(x.t> |/0 expf-tE,.1 + Ed)AT(x,t)J 
and 

C*t*(*.t> - C*To(x> - £ iW^x.t) (21) 
J 

where C^e^.t) Is the effective concentration of the 1 t h trap, C ^ C x ) is the 
actual concentration of the i c" trap, \ is the jump distance, v0 is the 
detrapping attempt frequency, E t* is the i" 1 trap energy, E^ is the activation 
energy for diffusion, and f* is the inverse crap saturability for the i c^ 
trap. 

Tritium decay to helium can also be modeled as a trap: 

8c T
i l(x,t)/8t - Vc^x.t) (22) 

with y tha tritium decay constant and the resultant helium considered to be 
the first trap for diffusing tritium. 

The source of the diffusing species can be modeled as an implantation, a 
diatoriic gas permeation of surfaces, or an initial concentration. Two traps 
and/or two implantation profiles are allowed simultaneously. By using both 
the implantation and initial concentration provisions, homogeneous 
steady-state tritium generation can be modeled within the material. The 
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initial conditions for diffusing and trapped species are given by: 

CJ(X,0) - c j i 0(x) <23) 

and c T
iJ(x,0) - o ^ J (x) . (24) 

Five types of boundary conditions are available in DIFFUSE: 

(1) a perfectly reflecting boundary: 

Jj(ia,t> - 0 , (25) 

(2) zero concentration at the boundary: 

cj(xs,t) - 0 , (26) 

(3) Sieveft's law which models bulk solubility due to gas pressure at the 
surface: 

cj(xs,t) - S[T(xs,t).P(t)J Xj(t) , (27) 

with S(T,P) the solubility, P(t) the total pressure; andXj(t) the 
mole fraction of the j c " species in the gas phase; 

(4) recombination of single atoms into a diatomic molecule at the surface 
prior to release: 

Jj<xs,t) - E K J J . [T(x,,t)] [cj(xs,t) cj,(x,,t) (28) 
- Xj(t) Xj,(t) S[T(xa,t),P(t)]2] 
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where 4 a c, exp 
Kjj.(T) - py(M + M.,)"T'S; (29) 

and 
E* - (MX <E, + Ed,0> (30) 

wlthKjjf(T) Is the recombination constant for the j t h and j' t l : l 

species, a la a sticking coefficient, C]_ is a kinetic theory constant, 
E s is the heat of solution, E^ Is the surface barrier energy, p is 
the matrix density, «nd Mj Is the mass of species j; 

(5) a simple interface between two materials which mandates continuity of 
flux and chemical potential of the diffusing species: 

and 
Jj<Xi-,t) - Jj^+.t) (31) 

Cjfri'.t) CJ<«1* C> ( 3 2 ) 

S-(T(xi,t),P) S+(T(xi,t),P) " 

Both diffusivity and solubility of the material are assunusd to exhibit 
Arrhenlus behavior, i.e. 

Dj(T) - D„ Mj~V2 e ! t p (. E dAT) (33) 

and S(T,P) - S 0 ? V 2 exp (-Es/kT) ' (34) 

with D n and S„ the pre-exponential terms. 
Additional features of DIFFUSE are provisions for different temperatures 

at each interface (and thus a linear temperature profile across each 
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material), different partial pressures of the diffusing gas at the outer 

surfaces, and linear heating ranpi at the interfaces and surfaces and linear 

pressure ramps as the surfaces. 

The value of applying DIFFUSE to blariisst tritium phenomena is its ability 

to analyze a variety of geometries, boundary conditions, and material 

paraaeters under different blanket conditions. This versatility gives both 

consistency in modeling and a convenient tool to approximate blanket 

Inventories with a minimum of analytical modeling. DIFFUSE can approximate 

both experimental results and the inventory values of some ECSS and FINESSE 

models. Good agreement between DIFFUSE and the other models would encourage 

use of DIFFUSE for calculations of blanket Inventory and release. THe 

provisions for surface effects (recombination and solubility), trapping, and a 

variety of material and boundary conditions in DIFFUSE permit relatively 

straightforward analysis of these effects, unlike the analytical models 

presently employed which require a piecemeal approach to model each individual 

phenomenon. 

Another significant advantage of DIFFUSE is the use of results from one 

time/temperature/generation step as the input to a new step using different 

input parameters. This feature makes DIFFUSE ideal for analyzing transient 

behavior in a straighforward and self-consistent manner, e.g. for the analysis 

of reactor start-up and shutdown effects on tritium behavior. The provision 

for temperature and pressure ramps over time is another major aid in transient 

modeling. 
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9.4. COMPARISON OF DIFFUSE RESULTS TO OTHER MODELS 

Only limited numerical results are available in BCSS and FINESSE for 
given Input parameters with which DIFFUSE outputs can be compared. Two 
analyses are given in FINESSE [22] directly amenable to DIFFUSE analysis. The 
first is an analysis of a L12O plate design, for input parameters of 10 micron 
grain radius, tritium generation rate of 1.85x10"5 wppm/s, 510°C minimum and 
795°C maximum temperature, and the diffusion coefficient given by eq. (2). 
FINESSE applied a value 0 - 0 to aq. (14) and converted eq. (13) to the form: 

where 
Id - I*gZ G/15D0] f exp (Q/RT) (35) 

f -J exp [(Q/RI)(T"/T • 1)1 d£ . (36) 

For a — 0, both temperature and generation profiles are constant across the 
blanket, making the above equations amenable to a DIFFUSE analysis of a 
characteristic H 2 O grain for the given parameters. 

i The above equations were converted to the form: 

2 -

* ' 15 D IxpVq/RT) '** C"Q/*> r « P «/RT> « < 3 7 > 

for T - T m i n + ( T ^ - T m l K ) ( l - £ 2 ) . (38) 

Note that the first tern on the right hand side of eq. (37) is identical 
to the spherical grain model of eqs. (8) and (9). This term should correspond 
to the DIFFUSE output, and the following two terms can be evaluated 
numerically. The average temperature was calculated to be 700°C. FINESSE 
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reported a result of 2.09xl0~5 wppa Inventory. The DIFFUSE-based evaluation 

gave an inventory of 2.05xl0~5 wppm, differing 1.9* from the FINESSE value. 

FINESSE also evaluated a LIAIO2 plate using the sane equations, a 

diffusion coefficient given by eq. (14), and input values of 0.1 micron grain 

radius, a generation rate of 2.41x10"5 wppn/s, and 520°C minimum and 1000°C 

maximum temperatures. The average temperature was calculated to be 840°C. 

FINESSE reported a value of 0.0460 wppm inventory. The DIFFUSE-based result 

gave a value of 0.0440 wppm, a difference of 4.3% from FINESSE. 

As another comparison, the same input values for I^O and LiAlC^ were 

applied to the spherical grain moc'.el of eqs. (8) and (9). The DIFFUSE 

inventory results for a single grain were compared directly to calculated 

values obtained using: 

I d - r g
2 G/[15 D 0 exp C-Q/RT)] . <39> 

For LigO, eq. (39) gave an inventory of 1.13x10"^ wppm while DIFFUSE gave an 

inventory of l.llxlO"5 wppm, a difference of only 1.8%. For L1A102, eq. (39) 

gave a value of 1.58xl0"3 wppm and DIFFUSE gave a result of 1.51xl0~3, a 

difference of 4.4%. 

For all comparisons, DIFFUSE results agreed with the models well within 

5%. These results are very compatible and support the conclusion that the 

DIFFUSE code can be used to provide valid results for diffusive tritium 

inventories within spherical grains comparable to those of other commonly used 

models. 
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9.5. STEADY-STATE TRITIUM INVENTORY 

Having verified the DIFFUSE results to be comparable to other models, the 

code was then used to explore the effects of several of the relevant 

parameters on diffusive inventory. Having chosen L1A102 as the candidate 

solid breeder, grains of this material were modeled using the diffusion 

coefficient obtained from TRIO and the arbitrary tritium generation rate of 

2,41x10"5 wppm/s. 

The effects of temperature and grain size on diffusive inventory were 

analyzed. The results are shown in Fig. 6. The temperature range relevant to 

this blanket design, approximately 800 to 1400 °K, was used in these figures. 

Figure 6a indicates substantial inventory build-up as the temperature 

decreases below 800°K, encouraging design of higher temperature blankets. 

Figure 6b shows a rapid increase in inventory as the grain sizes become 

larger; this figure supports the BCSS choice of 0.1 micron grain radii, the 

same size as chosen for this blanket design. 

A parameter relevant to transient effects is the time to steady-state 

diffusive inventories «s a function of temperature and grain size, shown in 

Fig. 7. This steady-state condition represents a tritium release rate equal 

to the generation rate. For a 0.1 micron LiA10 2 grain, Fig. 7a shows time to 

steady-state varying from a few seconds at high temperatures to days at low 

temperatures. Figure 7b shows a similar increase in time to steady-state as 

the grain size increases. 

In agreement with the results of early modeling efforts, the only 

component of ceramic tritium inventory used in this evaluation of steady-state 

inventory was the diffusive inventory within the grains. The other modes of 

transport, grain boundary diffusion, solubility and surface effects, and 
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Fig. 6(b). LiA10 2 tritium inventory va grain si2e (1300K). 
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Fig. 7(b). TC time to steady state va grain size (T-1300K). 
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porosity/purge stream transport vara all uiuaod negligible compared with the 
magnitude of the diffusive inventory. By conaidaring only diffusive inventory 
within the grain, we can model the entire blanket inventory by a judicious 
choice of characteristic grains to represent different portions of each rod. 
By scaling up the steady-atate inventories of these grains, we can obtain 
approximations for the entire blanket diffusive inventory. 

lo analyze the effect of diffusion coefficient on steady-state inventory, 
the two reported values for LiAl<>2 in eqs. (3) and (4) were used as input to 
DIFFUSE in modeling the diffusive inventory as a function of temperature for • 
typical grain. A major variation In results is obvious in Fig, 8 across the 
entire temperature range, up to seven or eight orders of magnitude. Use of the 
larger diffusion coefficient reported by BrUning j£ il. would lead to 
insignificant inventories and remove one of the major advantages claimed for 
LI2O over LIAIO2 as a tritium breeder. However, the TRIO value was obtained 
from an in-situ reactor experiment and may more accurately reflect actual 
operating conditions. For this reason, the TRIO value was chosen over the 
Bruning *£ *1. value for modeling LiAlOj in BCSS, FINESSE, and in this study. 

The input values for tritium generation rate were obtained from the 
results of neutronics analysis. The generation rate for each pin was taken to 
be its axial value in graphs of generation rate (in wppa/s) vs. distance into 
the module. Asymmetries in generation rate across the pin should largely 
average out from front to bsck. The largest error night come in the first row, 
where the generation profile is very steep. Previous thermal hydraulic 
analyses provided the average coolant temperature at each row of pins. 
Application of a standard htat transfer equation to the row by row volumetric 
heating rates gave the temperature profile within each pin. For steady-state 
conditions, the maximum central pin teaperature approached 1150°C and the 
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minimal outer temperature was slightly above 530°C. These relatively high 
temperatures played a Major role in keeping total blanket inventory to a 
minimum. 

Some question exists of tha behavior of LiAlOj At the maximum 
temperatures, since this exceeds the 900°C experimental temperatures used in 
the detailed FUBR-lA experiments with LiAlOg [19]. Concerns over grain growth 
at high temperature can be alleviated by extrapolation of FUBR results: no 
significant grain growth was observed over the range 500 to 900°C. Likewise, 
extrapolation of both FUBR results and thermodynamic calculations [18] 
indicate no significant ceramic vapor phase transport at high temperatures, 
unlike the case for LigO. Another concern might be the effect of high lithium 
burnup rates in the first row pins: all lithlum-6 would likely be converted to 
tritium over the expected three year blanket lifetime. Although unexpected 
ceramic properties might become evident, no serious structural transformations 
can be foreseen. The final ceramic might be closer to AI2O3 In composition 
than to LiAlOj, If this severe bumup poses a problem, a lower percentage of 
lithium-6 enrichment for the first row would reduce both the burnup rate and 
the steep heat generation profile for this row, but at a cost of a greater 
parasitic neutron capture by the structural materials in this region of the 
module, and thus a lower overall tritium breeding ratio. 

As mentioned before, the method of characteristic grains is used to model 
inventory within each rod. As a first approximation, the ceramic portion of 
each rod was divided into five concentric zones of equal width. Within each 
zone, the volumetrically-averagad position was determined and the temperature 
at that position calculated from the temperature profile across the pin. This 
temperature was used to represent a characteristic grain for each zone. 
DIFFUSE gave the diffusive steady-state inventory for each of these grains in 
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I %L =- / exp (q/RT) r dr . ( 4 1\ 
1 5 D o <*; - r i > ^ 

After insertion of the temperature T-T(r) obtained from the calculated 
profile across the ceramic pin, this equation provided the average grain 
inventories for each row of pins. A total blanket inventory of 13.2 g tritium 
was directly obtained from these results, independent of but in very good 
agreement with the DIFFUSE-based results. Figure 9 gives uhe total row-by-row 
inventories obtained with this numerical method, showing the predominance of 
inventory within the cooler small pins of rows 2 through 5. The inventories of 
rows 2 through 5 approach 0,6 wppm while rows 6 through 11 have less than 0.02 
wppm and row 1 about 0.03 wppm tritium. If inventories are a major concern, 
this figure suggests tailoring the pin diameters in increasing size away from 
the plasma, to maintain consistently high ceramic temperatures for each row of 
pins. 

The results of these three methods are plotted, row by row, in Fig. 10. 
Significant agreement exists between all three methods, further supporting the 
validity of the DIFFUSE-based inventories. These results compare favorably 
with the 6A model total of 38.3 g for a 522,000 kg LiA10 2 blanket [14] vs. 
129,000 kg for this blanket design. But the GA method (using the TRIT4 code) 
analyzes only one unit cell, with the uncertainties it implies for tritium 
diffusive inventories. The exact temperatures and other input parameters are 
never stated, preventing more detailed comparison. 

Because of the large number of DIFFUSE runs needed to characterize the 
total inventory in the above methods (five to six runs per rod, eleven rows of 
rods over the blanket), a simpler approach was required to model each rnd 
during transient and start-up/shutdown operations. Again, eq. (39) was used 
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as the starting point, but now an equation for an average temperature 
representative of the total pin inventory was desired: 

15 D exp (-Q/RT) - v ' 
° * dV 

Manipulation of this equation gives: 

/ « \ W ) 

R In 2 2) 

\ - v where 

•r 
r i 

0 exp (Q/RT) r dr . ( 4 4 ) 

Substitution of the pin temperature profile into eq. (44) allows 
numerical evaluation of the diffusion-averaged temperature for each row o£ 
rods, and a DIFFUSE analysis was made at each of these temperatures for a 
single characteristic grain representative of an entire rod. The steady-state 
inventory for each grain was scaled up for the entire rod, then for each row, 
to give new values of total row-by-row blanket inventory. These results are 
also shown In Fig. 10, and gave a total blanket inventory of 12.6 g. These 
results agree very well with the previous methods, with less than 5% variation 
from the results of the non-DIFFUSE numerical approximation method. Thus, 
reasonable inventory results can be obtained for an entire rod using only one 
DIFFUSE-analyzed characteristic grain at a temperature calculated from eq. 
(A3). 

This result shows the single grain model to be ideal for transient 
analyses: by calculating the temperature profile for a rod under different 
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power levels, an average temperature can be determined for each power level at 

which to analyze the characteristic grain with DIFFUSE. By assuming step 

changes in the power levels, the transient behavior of a rod can be simply 

aodeled by a series of consecutive DIFFUSE runs for the same grain at 

different temperatures and generation rates, with the resultant diffusive 

concentration profile within the grain from one run used as an initial 

concentration profile for the next run. DIFFUSE is set up to perform exactly 

this kind of sequential analysis, thus making transient analyses very 

convenient, 

9.6. TRANSIENT TRITIUM INVENTORY 

9.6.1. STARTUP 

Reactor startup was modeled for two different situations. The first 

considered helium coolant flow at 100% of full power status. The second 

considered significantly reduced helium flow during the transients to achieve 

higher operating temperatures and lower transient tritium inventories. 

The transients modeled were at 10%, 20%, 50%, and 80% of full power, each 

lasting 3,5 days, followed by 100% power. The percentage of full power was 

used to scale the volumetric heating rates for ceramic and cladding 

accordingly, and likewise for tritium generation rate. The rise in coolant 

temperature from module entrance (constant at 250°C) to each row of pins was 

taken as a corresponding percentage of the temperature rise at full power. 

The heat transfer coefficient from cladding to coolant was adjusted 

accordingly. These values were used to calculate the temperature profiles 

Inside the pin for each row at each transient power level, and these results 
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used to calculate a characteristic temperature for each rod during each 

tr?nsient, to use as DIFFUSE input as mentioned previously. 

With each characteristic grain evaluated by DIFFUSE over several 

transients, the diffusive inventory can be obtained from, the DIFFUSE output at 

any point during the two weeks prior to full power. After two weeks the input 

parameters were set at full power values, and the Inventory soon returned to 

its steady-state values. Thus, after eleven DIFFUSE runs, each with several 

transients and each analyzing a characteristic grain for each row of pins, the 

results are scaled up for total blanket mass per row. The total transient 

inventories are obtained as a function of time for each row, and summed for 

the total blanket inventory. 

The transient results involving 100% helium flow gave total blanket 

inventories of 226 g after 3.5 days at 10% power, 621 g after 3.5 days at 20% 

power, 429 g at 50% power, 61 g at 80%, and a short time at 100% returned the 

total inventory to the steady-state value of 12.6 g. These results are 

plotted in. Fig. 11, and the row by row results in Figs*. 12 and 13. The 

inventories are obviously nuch higher than steady-state during 10%, 20%, and 

50% power levels, reaching several hundred grams with the biggest contribution 

from the first row and its dominant tritium generation rate. The 

characteristic temperatures ranged from 550 to 590°K at 10% power, 590 to 

650°K at 20%, 680 to 830°K at 50%, 780 to 1010°K at 80%, and 840 to li30°K at 

full power. The temperatures fall within the regime of very slow tritium 

diffusion for 10 to 50% power, leading to rapid build-up of the bred tritium 

within the pins. 

These significant inventories could lead to safety-related concerns of 

large blanket inventory, especially for protracted startup times at these 

temperatures. For this reason, the same startup regime was re-analyzed under 
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conditions of restricted helium flow, reducing the rate of cooling and 

allowing higher temperatures to be achieved within the. ceramics. For the 10% 

and 20% power transients, the helium flow rate was set at 20% of that at full 

power. Thus, at 20% of full power the same coolant temperature should be 

obtained for each row as at 100% full power. Likewise, at 50% and 80% of full 

power the helium flow rate was set at 50% and 80% of full power, again giving 

the same coolant temperatures. For 10% of full power, with helium flow set at 

20% the rise in temperature between blanket inlet and the row in question was 

taken to be one half that at full power. The volumetric heating rate and 

tritium generation rate were scaled down from full power according to the 

transient power level as mentioned previously. New temperature profiles 

across the pins were recalculated for each transient, characteristic 

temperatures evaluated for each transient at each row and the transient 

analyses rerun as before. 

Due to considerably higher ceramic temperatures under these conditions of 

controlled coolant flow, the total blanket inventories were greatly reduced 

from the uncontrolled flow transients. The results give total inventories of 

153 g at 10% after 3.5 days, 40.2 g at 20%, 25.6 g at 50%, and 16.5 g at 80%. 

These results are also shown in Fig. 11. 

The results for these two cases clearly show the need for tailoring the 

helium flow rate to the transient power levels. An extended startup could 

lead to massive inventories for uncontrolled conditions. Even with controlled 

flow, a gradual inventory build-up night be a concern for low power levels 

over an extended period of testing. In this case, supplemental pre-heating of 

the coolant would alleviate such concerns. Further study of the minimum 

practical helium flow rates is also warranted: the minimum of 20% of full 
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power flow is a conservative estimate, to avoid problems with flow 

Instabilities. 

9.6.2. SHUTDOWN 

For shutdown, two different cases were analyzed: (1) coolant flow at 20% 

that tor full power and (2) a combination of coolant flow reduction and 

heating such that the coolant temperature ranged from 470°C to 500°C across 

the pins. This second scenario can be thought of as "baking" the blanket to 

speed its purging of tritium inventory. Both scenarios assume afcerheat 

vol>unetric generation of 1% that of full power and zero tritium generation. 

For the first case, that of simply reducing the helium flow, the 

temperature of the coolant entering the blanket was again 250°C, and the 

temperature rise at each row of pins was taken to be 1/20 that of full power. 

These new coolant temperatures, 1% volumetric heating, and a corrected heat 

transfer coefficient were used to calculate new temperature profiles across 

the pins as before, and diffusion*averaged temperatures were again calculated 

for each pin. These temperatures were used as input to DIFFUSE along with zero 

generation rate as an additional step following the analysis for the three 

year run at 100% power. Thus, the characteristic grains start with their 

steady-state inventories, than instantaneous shutdown occurs at which no more 

tritium is generated but the steady-state concentration proiiles within each 

grain are now subjected to the much lower temperatures at shut-down. As can 

be expected, tritium diffusion from the grains slows down drastically. The 

diffusive inventories are modeled for a year after shutdown, with total 

blanket inventory calculated as before. 

Figure 14 shows that, after two weeks, the total inventory is reduced 

from the steady-state full-power inventory of 12.6 g to 12.4 g, only a 1.6% 
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decrease in total inventory. At the end of six months at these shutdown 
conditions an inventory of 12.1 g still remains and after one year an 
inventory of 11.7 g, indicative of the almost negligible rate of diffusion at 
these cold shutdown temperatures. With all the characteristic temperatures 
near 540°K, only 7.1% of steady-state inventory is purged after one year. 

In comparison, the characteristic grains are then modeled for hot 
shutdown, with the coolant temperatures mentioned before. Again, new row by 
row temprature profiles were calculated, average temperatures evaluated from 
these, and the previous analyses rerun at these higher temperatures. As could 
be expected, the result was a significantly accelerated tritium puige from the 
blanket. Figure 15 shows that, after only one week, the total inventory was 
reduced from 12.6 g to 0.45 g. After two weeks, inventory was reduced to an 
insignificant 0.02 g. Thus, with characteristic temperatures ranging from 750 
to 780°K and no tritium generation after shutdown, tritium purging can be 
considered complete after only two weeks. 

For less than 13 g steady-state inventory, a question could arise whether 
such bating with the extra expense of heating the coolant is actually needed. 
However, if the final blanket is not as "clean" as our idealized model would 
indicate, this analysis shows that baking could rapidly clean out the major 
portion of the blanket inventory after shutdown. Such auxiliary heating 
should alleviate inventory concerns in a post-shutdown environment. 

9.7. ADDITIONAL DIFFUSE MODELING 

9.7.1. COMPLETELY DENSE PINS 
DIFFUSE was used to model a hypothetical case for steady-state inventory 

and release for this rod design, but using a ceramic pin of 100% theoretical 
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density rather than 85% as assumed in this study. The purge, channel was 
retained but the tritium was considered to be generated in and diffuse through 
one giant hollow cylindrical crystal of LiAlC^ rather than a minute spherical 
grain. The boundary conditions were taken to be a perfectly reflecting outer 
surface (i.e. an inner oxide layer on the cladding) and zero concentration on 
the inside purge channel surface. 

These 100% dense pins were analyzed for rows one, five, and eleven. The 
values for inner and outer surface temperatures were taken from the original 
85% dense pins (although detailed analysis would require recalculation of 
temperature based on the changed thermal conductivity). DIFFUSE assumes a 
linear temperature profile rather than Che actual parabolic design, slightly 
overestimating inventory and underestimating release. The same tritium 
generation rates were used as in the original pin design. 

For row one, the minimum temperature is 1017°K and the maximum is 1410°K. 
After three years of steady-state operation, DIFFUSE evaluated the inventory 
of each pin to be 21.0 g of tritium, or over 350 kg for the first row over the 
entire blanket, an extremely high inventory. For row five, with temperatures 
from 809 to 891°K, the inventory for each pin was found to be 1.76 g and over 
the whole blanket nearly 30 kg. For row eleven, with temperatures from 900 to 
1155°K, the single pin inventory was 6.30 g and the total blanket inventory 
about 40 kg. Obviously, the first row inventory will dominate the total due 
to the high generation rate. 

The complement of high inventory is low release. Over three years, the 
entire first row would release 6.7 kg into the purge stream, or 1.7% of the 
total tritium generation, With their colder operating temperatures, rows five 
and eleven would release only a few hundredth of a. percent of their total 
generation: all of row five would release a mere 1.0 g tritium, and row eleven 
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only 6.9 g. Except for the relatively hot first row rods, tritium release 

over three years would be negligible. 

The importance of these results is the lack of any significant release 

for nost of the pins over the entire blanket lifetime, raising the possibility 

of using 100% dense LIAIO2 pins and batch processing the retained tritium at 

the end of blanket life. Elimination of the purge channels as superfluous 

would provide more breeder mass in the blanket and a higher breeding ratio. 

More significant is an increase of over 17% in breeder mass in using 100% vs 

85% density, with its major impact on tritium breeding ratio. With no purge 

channel, total release from the colder outer zones of the pins through the 

oxide barrier of the cladding would likely be insignificant. Structural 

integrity of the ceramic during burn-up would be enhanced, considering the 

results of the FUBR-1A experiment [19]. Actual permeation, losses over 

lifetime would likely be less than with permeation through the purge system. 

The main disadvantage to this concept is of course very high inventories, 

but this should not affect safety concerns as long as all pins remain intact 

over lifetime. Retention of tritium the entire three years would lead to 

enhanced decay to helium prior tc extraction, but DIFFUSE indicates total 

decay to be 8% of all bred tritium, insignificant considering the 17.6% 

increase in breeder mass and breeding ratio with 100% vs 85% dense LiA102. A 

major concern is the presence of any grain boundaries in the 100% dense pin, 

leading to more rapid diffusion than our ideal single grain cylinder. This 

problem would be alleviated by retaining the purge channels to handle such 

diffusion. 

Although the inventory levels with these dense pins appears frightening, 

the structural integrity of the pins over blanket lifetime mitigates the 
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safety concerns. The advantages obtainable from these dense pins might 

encourage future consideration. 

9.7.2. OTHER INVENTORV PHENOMENA 

All previous DIFFUSE analyses assumed a zero tritium concentration on the 

surface of a spherical grain, analogous to previous modeling efforts. 

However, TRIO [6] assumed a significant surface inventory under a pure helium 

purge stream to explain the experimental results. Solubility effects are 

known to be significant for LigO. Concern exists over irradiation effects and 

the possibility of production of traps for tritium which might significantly 

increase inventory. 

As a very preliminary indication of the versatility of the DIFFUSE code, 

several analyses were made under different conditions. Using input parameters 

for LIAIO2 felt to be reasonable (due to the lack of relevant experimental 

data), both Sievert's Law (solubility effects) and surface recombination 

boundary conditions were compared to ;:ero surface concentration over a range 

of temperatures, all otb-r parameters held constant. In addition, an analysis 

was made assuming a trap concentration of 1% atomic fraction and a trapping 

energy of 2 eV. Results are presented in Fig. 16. 

For all temperatures below 1100oK, these other phenomena show no effect 

on total inventory, indicating diffusive inventory to be overwhelming. 

However, at higher temperatures, measurable additions to diffusive inventory 

are apparent. Radiation trapping under these conditions is insignificant, but 

surface recombination becomes significant and solubility very significant as 

temperature becomes very high. However, with an ambient tritium gas pressure 

of one torr assumed, these solubility results may overstate actual operating 

concentrations. 
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These limited results are not significant without further analysis, but 

the potential of DIFFUSE for additional analyses into these phenomena is 

obvious. 

9.7.3. RADIATION TRAPPING 

Some parametric analysis using DIFFUSE has been done [23] to estimate 

significant tritium trapping regimes under irradiation, i.e. combinations of 

temperature, trap concentration, and trapping energy "-Tith which significant 

contributions are made to total inventory. The results are not presented 

here, but will be briefly summarized. 

No experimental determination of tritium trapping energies in lithium 

ceramic breeders due to irradiation has been made. Trapping energies for 

helium in metals is known to be 1.5 to 2.5 eV, but the ionic nature of the 

diffusing triton prevents direct comparison. DIFFUSE analysis of tritium 

trapping in LLAIO2 was made at two temperatures over a range of trapping 

energies from 1.5 eV to 4.5 eV, all other parameters held constant, and an 

assumed trap concentration of 1 appm. At 773°K, trapped inventory was 

insignificant, reaching only a few percent of diffusive inventory at a 4.5 eV 

trap energy. At 1273°K, diffusive inventory is greatly reduced, and trapped 

inventory equals diffusive i-.x. about 4 QV and greatly exceeds diffusive at 4.5 

eV. 

For an assumed trap energy of 3.5 eV and a temperature of 1273°K, the 

relative inventories were compared as a function of trap concentration. At 1 

appn traps, trapped inventory is insignificant. At a trap concentration of 

about 10"* atom fraction, the two inventories are equal. At higher trap 

concentrations, the trapped inventory rapidly increases. 
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Finally, given a trap concentration of 1% atomic fraction, trapped and 

diffusive inventories were compared between 700 and 1475°K for trap energies 

of 2.5 eV and 3.5 eV. For 2.5 eV the trapped Inventory is predominant at 

750°K, equals diffusive at about 825°K, and rapidly becomes insignificant to 

that of diffusive at higher temperatures. For 3.5 eV, the trapped inventory 

is overwhelming at all but the highest temperature, where it is still an order 

of magnitude above the diffusive inventory. 

Lack of experimental analysis of radiation damage effects in LiAl02 

prevents direct application cf DIFFUSE results to blanket design and 

engineering. These limited results suggest trapping energies approaching 3 eV 

are significant for high trap concentrations i.e. at high lithium burn-up 

fraction. For low trap concentrations (1 appm) the trapped inventory becomes 

significant at higher temperatures, while an inverse temperatuie effect occurs 

for 1ft atomic fraction of traps. Much more analysis is required to determine 

the significance of radiation effects on tritium inventory. Hypotheses of 

tritium trapping mechanisms rew-iin rudimentary at best [24,25]. 

9.8. SUMMARY AMD RECOMMENDATIONS 

This section of the pin-type solid breeder blanket study is the first 

detailed attempt at modaling tritium inventory and release within a fusion 

reactor blanket based on actual tritium generation and thermal hydraulic 

profiles, rather than a simple average unit cell extrapolation or some assumed 

exponential profiles. 

The DIFFUSE 83 code was found to give inventory results consistent with 

previous modeling efforts and with the general spherical grain model. 
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The inventories for this blanket design calculated using DIFFUSE were 

found to be very satisfactory, less than 14 g at steady-state for a 129,000 kg 

LiAlOj blanket. This result is reasonable compared with a BCSS LiA102 blanket 

inventory calculated by GA Technologies. 

DIFFUSE was found to be very useful in approximating tritium inventories 

during transient startup/shutdown modes. The evaluations of transient 

Inventories in this study appear to be the most detailed to date. The results 

suggest the need for controlling coolant fliw during start-up to maintain high 

breeder temperatures and low tritium inventory, and the use of pre-heated 

coolant to "bake1' out tritium inventory after shut-down. 

DIFFUSE modeling of breeder pins of 100% theoretical density indicates 

very limited tritiun release from the LIAIO2 ceramic, suggesting batch 

processing of the pins for tritium extraction at the end of blanket lifetime. 

Preliminary analysis of other surface and radiative trapping effects 

shows DIFFUSE to be potentially a very useful tool In approximating and 

evaluating experimental results. Additional DIFFUSE analysis of these effects 

given the available experimental data is warranted. 

Another logical area for DIFFUSE analysis is tritium permeation of the 

pin cladding and structure within the blanket. This area will be pursued in 

the future. 

A real need for modeling of tritium behavior in ceramic breeders is a 

broader experimental data base. Order of magnitude approximations and unknown 

diffusive and trapping mechanisms for tritium are inappropriate for detailed 

modeling of tritium behavior and accurate estimates of tritium inventory, 

permeation, and release within fusion reactor solid breeder blankets. 
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10.1. INTRODUCTION 

The need for a complete and coherent material data base for fusion 
reactor systems has been an important issue for some time now. Since the 
choices for materials used in fusion reactors are becoming more appart.it, it 
is important to be able to quickly access this data to facilitate reactor 
design. The problem with the current choices of materials is that there is 
not enough data available to supply complete information on all the important 
material properties under anticipated fusion operating conditions. In places 
where there is a deficit in data, it is therefore necessary to extrapolate 
information to support analysis which covers ranges of undetermined values. 

The philosophy of a data base is one of expansion and modification. 
This will lead to a constantly growing collection of mcst recently acquired 
information. Based on this philosophy special care has been given to the 
structure, the accessibility and ease of modification. The data base is 
developed primarily for use on Personal Computers (PC's). The PC enhances 
accessability due to their widespread use. The final version of the data 
base ''111 have the format of a tree-structure, which will allow the user to 
access the information in form of raw data, plots or equations. In many 
instances the equations are not simple fits Co the data but we have developed 
phenomenological equations based on analytical interpretations. 

In Section 10,2. we will list materials and properties investigated for 
this blanket study. Section 10.3. is a list of phenomenological equations 
and mathematical fits for all materials and properties considered. Section 
10.4. describes our efforts to develop a swelling equation based on the few 
experimental data points available for breeder materials. In Section 10.5. 
we investigate the sLntering phenomena for ceramics. 

10.2. MATERIAL PROPERTIES 

The present reactor study investigated the following materials as 
candidates for the Fusion Power Core (FPC): ferritic steels HT-9, and 2 1/4 
Cr-1 Mo, blanket breeder ceramics L1A102 and U2O; and blanket neutron 
multiplier material beryllium. Li20 was ruled out as a c.-.ndldate for solid 
breeder material due to Its high anticipated swelling behavior. Nevertheless 
we will discuss some of our findings about LJ.2O in Section 10.4. 
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The data on all materials was compiled form various sources, mainly the 
Materials Handbook for Fusion Energy Systems [1], and recent experimental 
investigation by Hollenberg [2] and Rasneur [3]. The Materials Handbook 
includes a comprehensive work on the ferritic steel 2 1/4 Cr - 1 Mo, of which 
much information has been determined over the last decade. Mechanical 
properties data and thermal data most relevant reactor blanket designs are 
listed in Table 1. Some of the data on the ferritic steel HT-9 is also 
derived from the Materials handbook. Most of the data used for this report, 
however, comes directly from Che Sandvlk Steel Co. reports on HT-9 mechanical 
properties (4] . 

Other data on the ferritic steels include steady state thermal creep 
correlations [5]. The expression used for swelling of the ferritic steel 2 
1/4 Cr - 1 Mo is from work by Gelles and Fuigh [6] on irradiation induced 
swelling. Since observed swelling is a bilinear phenomenon, this fit to the 
data produces a smooth transition from one swelling rate to another at the 
critical value of dose. The expression used for the ferritic steel HT-9 is 
based on a fit from work by Ghoniem [7]. It does not produce a smooth 
transition, and therefore the value of swelling should be set to zero below 
the incubation dose. The correlation used for irradiation creep of HT-9 is 
also based on an expression previously developed for 2 1/4 Cr • 1 Mo [6]. 

Information on material properties of lithium aluminate and lithium 
oxide is derived chiefly from Hollenberg [2] and Rasneur'a work [3]. Some of 
the data displayed in this paper Is in raw format, and requires transforming 
into suitable units for proper use. In addition, much of the information was 
sparse and scattered, and extrapolation techniques were used to fill in the 
data. In particular, the phenomenon of swelling and process of sintering of 
these breeder ceramics have not been measured in much detail. However, 
correlations were developed from these data and are discussed in section 3. 

In order to determine the tritium breeding behavior of LiAlC<2, Rasneur 
[3] examined properties of very homogeneous microtextures of porous LIAIO2 in 
an in-situ tritium extraction experiment. From a large field of homogeneous 
microstructures, empirical equations were deduced as a function of porosity, 
grain diameter and temperature. Mechanical and thermal properties examined 
include: ultra sound velocity, Young's modulus, ultimate compressive 
strength, creep and thermal shock. Physico-chemical properties such as 
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TABLE 1 
Summary for Blanket Material* Properties [Current Status (12/85)) 

Ferritics 
HI-9 2 1/4 Cr - 1 Mo 

Young's Modulus Young's Modulus 
Shear Modulus Shear Modulus 
Foisson's Ratio Poisson's Ratio 
Ultimate Tensile Strength Ultimate Tensile Strength 
Instantaneous Thermal Expansion Thermal Expansion 
Mean Thermal Expansion Thermal Conductivity 
Linear Thermal Expansion Void Swelling 
Steady State Thermal Creep Steady State Thermal Creep 
Irradiation Creep Irradiation Creep 

Breeder 
MrtlJVB OXide Lithium Aluminate 

Young's Modulus Young's Modulus 
Shear Modulus Shear Modulus 
Poisson's Ratio Poisson's Ratio 
Sintered-Thermal Conductivity Sintered Thermal Conductivity 
Sphere Packed-Thermal Conductivity Sphere Packed-Thermal Conductivity 
Creep Rate Creep Rate 
Thermal Expansion Thermal Expansion 
Specific Heat Specific Heat 
Fission Gas Swelling Fission Gas Swelling 
Fracture Strength Ultra Sound Velocity 

Ultimate Compressive Strength , 

* Only the fission gas (He) swelling behavior for beryllium was investigated. 

electrical resistivity and sensitivity to air were also investigated. 
Raseneur found porous LiAlC-2 to be an Insulator even up to 600°C. Exposed to 
air, LiAlC-2 will react with H 20 vapor to form LiOH molecules. LiOH will hen 
react with CO2 to form L12C03 compounds. Raseneur's experiments showed that 
porous lithium aluminate exposed to air will have about 10 monolayers 
corroded after one year, i.e. less than 1% for an average grain size of 0.4pm 
in diameter. In water however, the reaction on identical samples was total 
after about only three months. 

10.3. PHENOMENOL0GICAL AND EMPIRICAL EQUATIONS 

This section lists the data base equations which are the results of our 
phenomenological investigations and purely empirical fits performed by us or 
by irsntioTied authors. 

We start with ferritic steels HT-9 and 2 1/4 Cr - 1 Mo and conclude this 
collection with breeder material properties listed in Table 1. 
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10.3.1, FERRITIC STEELS 
1. HT-9 

Young's Modulus YM (T °F) MPa 

YM - (^ + A 2T + A 3 T ) 2 x 10 3 

Poisson's Ratio PR (T °F) 

PR - B x + B 2T + BjT 2 

Shear Modulus SM (T °F) MPa 
SM - YM/Z(1 + PR) 

Ultimate Tensile Strength [8] UTS (T K) MPa 
473 < T < B73 

UTS - Cj + C 2T + C 3 T 2 + C^T3 

Instantaneous Thermal Expansion Coefficient ITE (T 
21 < T < 650 

ITE - D t + D 2T + D 3 T 2 

Mean Thermal Expansion Coefficient MTE (T °C) 10" 6 

37 < T < 650 

MTE - (E 1 + E 2T + EjT 2 + E 4T 3)/(T - 25) 

Linear Thermal Expansion LTE (T °C) mm/ra 

21 < T < 650 

LTE - F, + F.T + F,T + F, T 
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Steady State Thermal Creep Rate [9] TCR (a ksl, T K) s - 1 

TCR - (B'/kT)(«r - a. ) 3 e (" Q 1 k X ) 

B' - 7.385 x 10'3 

(T, - aT + C ksi 
a - -0.2185 ksi/K 
C - 198.1783 

Ql - 1.23 eV 

Irradiation Creep [9] IC (<reff ksl, * n/ca'-s, t s) % 

IC - K* cl--l 4 t erf 
K* - 0.4 K 10"4 (MPa)'1 (10 2 2 ti/cm2) (%) 

Void Swelling [9] VS (5 DPA, T *C) % 

o 

C - 0.025 % / DPA 

S0 - 90 DPA 

2. 2 1/4 
Young's Modulus YM (T *F) MPa 

YM - (G1 + G T + G 3T 2 + G T J) x G 5 

P o i s s o n ' s Rat io PR (T a F ) 

PR - ^ + H.T + HjT 2 

Stiear Modulus SM (T *F) MPa 

SM - YM/2(1 + PR) 
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Ultimate Tensile Strength [8] UTS (T K) MPa 
473 < T < 873 

UTS - I x + I2T + I 3T 2 + I^T3 

Thermal Expansion Coefficient TE (T *C) 10"6/°C 

20 < T < 700 

TE - J x + J 2T + J 3T 2 

Thermal Conductivity TC (T *C) W/em-K 
25 < T < 700 

TC - K x + KjT + K./T + K 4T 2 

Steady State Thermal Creep Rate * TCR (a ksl, T K) s"1 

TCR - (A'ATKff - cr0 ) 4 e (" Q 2 k T ) 

In A' - 17.2898 
<7, - aT + C 'o 
a - -0.0628 
C - 51.7929 
Q2 - 2.767 eV 

Irradiation Creep [9] IC (<reff ksi, 4 n/cm2-s, t s) % 

IC - K' ff^| 4 t + D S a e £ £ 

K' - 0.4 x 10' 4 (MPa)'1 (10 2 2 n/cm2) (%) 
D - swelling enhanced creep coefficient 
- 2.7 x lO'5 (MPa)"1 (10 2 2 n/cm2) 

S - fractional swelling rate ($/10 n/cm2) 
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Void Swelling [9] VS (* n/cm2, t s) % 

VS - VSX - D 

VBx - Rftt + i ln[ 1 - f W f f f f 7 - ^ ) 1 1 1 
1 L a [ 1 + exp(at) J J 

D - Densification Terra 

- D(l - e < - A ^ ) 

D - steady state density (- -0.08%) 
\ - trarjition parameter (- 3 (10 2 2 n/cm2)) 
7 - swelling incubation parameter 
- C 1exp(C 2(T - C 3) 2) 

Ci - transition parameter 
C 2 - 2,0 x 1 0 2 3 n/cm2 

C 3 - 5,0 x 10" 5 (K)" 2 

a - swelling rate (- 0.5 (10 2 2 n.cm 2)" 1) 
R - 0,25% / 1 0 2 2 n/cm2 
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Table of Constants for Ferricic Steel Equations 

1. 
Al 213 .28 Bl : 0 .2762 
A2 - 4 . 7 9 9 x 1CT 2 B2: 8 .9309 x 1 0 " 5 

A3 - 4 . 0 6 5 x 1 0 ' 6 B3: - 6 . 2 6 2 x 1 0 " 8 

CI 299 .7298 Dl: 9 .2207 

C2 -1 .11815 D2: 1 .5161 x 1 0 - 2 

C3 1.98127 x 1CT 3 0 3 : - 1 . 0 6 2 4 x 1 0 " 5 

C4 -1 .179135 x 1 0 " 6 

El - - 2 3 5 . 2 F l : - 0 . 2 3 5 2 0 
E2 - 9 .2207 F2: 9 .2207 x 1 0 " 3 

E3 - 7 .5806 x 1 0 - 3 F3: 7 .5806 x 1 0 - 6 

E4 - - 3 . 5 4 1 2 x 1 0 " 6 F4: - 3 . 5 4 1 2 x 1 0 " 9 

Z 1 / 4 <?r - 1 Ho 

Gl - 31.1 
G2 - -1.359 x 10-2 
G3 - 2.505 x 10*5 

G4 - -2.007 x 10'8 

G5 - 6.89475 x 10 3 

11 - 152.7886 
12 - -0.5938 
13 - 1.43787 x 10-3 

14 - -1.060566 x lO - 6 

Kl - 0.64986 
K2 - -0.2784 x 10" 3 

K3 - -82.462 
K4 - 6407.375 

HI - 0.254 
H2 - 1.54 x 10" 4 

H3 - -1.26 x lO'7 

Jl - 11.281 
J2 - 6.97817 x 10"3 

J3 - -3.8036 x 10"6 
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10.3.2. BREEDER CERAMICS 

1. Lithium Oxide (Li2CO 
T m - 1433 'C 
p L 1 - 0.93 g/cm3 

k - 3.4 W/fflK 

Notations are as follow: 
X - temperature 
T m - melting point temperature 
p - density 
P - porosity 

A. Young's Modulus (E) 
E - 140 exp(-4P)[(l-T)exp(l-Tm/T)] GPa 

B. Poisson's Ratio (IJ) 
n - 0.25 

C. Shear Modulus (G) 

G-20^) < G P a ) 

D. Thermal Expansion Coefficient (<*) 
a - a + 1.72xl0-2 T 
a - 16.05 for T in "K 
a - 20.75 for T in °C 

E. Fracture Strength (fff) 
af - <7o[l-44exp(-7000/T)] (MPa) 
a0 - 108 d-°- 4 exp(-lOP) (MPa) 
d - grain diameter 
T - in "K 

F. Thermal Conductivity (k) 

SPHERE PACKED (- 37* SPFA 
400' s T £ 1100 »K 
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(1) Unirradiated 
(a) Helium fill-gas pressure - 6 atm, 

k - 14.220 - 2.0761n<T) + 0.0506(lnT)2 W/raK 
(b) Helium fill-gas pressure - 2 atm. 

k - 21.683 - 4.6691n<T) + 0.259 (In T ) 2 W/mK 
(c) Helium fill-gas pressure - 1 atm. 

k - 15.594 - 3.2951n(T) +0.182 (In T ) 2 W/mK 

(2) Irradiated (*t > 0.5 - 2xl0 2 6 n/m 2) 
(a) Helium fill-gas pressure — 6 atm. 

k - -0.612 + 1.6791n(T) - 0.1905(lnX)2 W/mK 
(b) Helium fill-gas pressure - 2 atm. 

k - 8.937 - 1.3391n(T) + 0.00387<lnT)2 W/mK 
(c) Helium fill-gas pressure - 1 atm. 

k - 16.035 - 3.6811n(T) + 0.223<lnT)2 W/mK 

SINTERED 
400" SIC S 1100 *K 

(1) Unirradiated 
(a) TD - 100% 

k - 42.011 - 5.4071n(T) W/mK 
(b) TD - 84% 

k - 72.404 - 16.1461n(T) + 0.899(lnT)2 W/mK 
(o) TD - 70% 

k - 49.701 - 11.7241n(T) + 0.708(lnT)2 W/mK 

(2) Irradiated (4t > 0.5 - 2xl0 2 6 n/m 2) 
(a) TD - 85% 

k - 45.602 - 11.5321n(T) + 0.76(lnT)2 W/mK 
(b) TD - 70% 

k - 29.353 - 7.7511n(T) + 0.545(lnT) W/mK 

G. Creep Rate 
c - Affexp(-Ec/kT) (hr"1) 

It is assumed that Li20 will follow approximately the creep 
rate of UO2. Constants for the creep equations have been correlated 
using melting point temperatures. 
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A - 140 
a - 1.49xl04 (kN/m2) 
E c - 2.03 (eV) 

for 570" s T S 900*C 

H. Specific Heat <cp) 
a - &i + A 2T + A 3/T 2 JAgK 
Ax - 2.5179xl03 

A2 - 0.3328 
A3 - 8.382x10-7 

for 306 £ T £ 1073 *K 

I. Swelling (AV/V) 

& . 8.87X10-30 

f - fraction of Helium retained 
G - Helium production rate (cm'^sec"^) 
t ~ time (sec) 
N - Bubble number density (cnm*3) 

2. Lithium Aluainate 
T m - 1610 *C 
p L i - 0.28 g/cm3 

k - 1.6 W/mK 

A. Ultra Sound (1MHz) Velocity (c) 

*; c - C Q ( 1 - 0
E
7)(kra" 3) 

where: c 0 - 8.4 kms"'-
P - Porosity 

Temperature dependence: 
c is slowly decreasing by 3 to 4% form t - 25°C to 700'G. 

TfGt 
MV3 

3/2 
(%) 
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Young's Modulus (E) 
E - pa2 

where p — apparent density 
c - ultra sound velocity 
E - E Q (1-P) (1 - ̂ J ) 2 <GPa) 
where E - p c 2 (GPa) o *o o 

for P o - 2.515 g/cm3 

E 0 - 184,5 (GPa) 

E - 184.5(1-P)(1- fy2 (GPa) 

Poisson's Ratio 
t) - ^/(l+O.lP) 
H 0 - 0.25 

Ultimate Compressive Strength (TICS) 

UCS - gf«gf-WP>1 (GPa) 

where: d - diameter of L1A102 grain (in microns) 
For: d - 0.42 /t 

P - 0.25 
the temperature (°K) dependence was found to be 

(GPa) 

valid for 293* < T < 1273 *K 

Thermal Creep • 

Creep experiments were carried out at 700 °C under three loads 
50, 80 and 100 KPa or samples with 0.25 porosity and 0.42 /i grain 
diameter. 
(1) Under 100 MPa 

& - -0.0135 ln&- 200 < t < 1000 h L 72 
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(2) Under 80 MPa 
Alt - -0.0045 In*- 300 < t < 2000 h 
L 29 

(3) Under 50 MPa 
AL - -0.00143 ln-£- 300 < t < 2000 h L 150 

Extrapolation of (3) to 20 years leads to a creep of 1% at 
700°C. 

F. Thermal Conductivity (k) 

SPHEBE PACKED f- 87* SPF\ 
500 #K £ T £ 1200°K 

(1) Unirradiated 
(a) Helium fill-gas pressure - 6 atm. 

k - 25.670 - 5.5181n(T) + 0.297(lnT)2 (W/mK) 
(b) Helium fill-gas pressure - 2 atm. 

k - 8.806 - 1.0751n(T) (W/mK) 
(c) Helium fill-gas pressure - 1 atm. 

k - 6.897 - 0.8271n(T) (W/mK) 

(2) irradiated <4t > 0.5 - 2xl0 2 6 n/m 2) 
(a) Helium fill-gas pressure - 6 atm. 

k - 8.385 - 0.9991n(T) (W/mK) 
(b) Helium fill-gas pressure - 2 atm. 

k - 6.823 - 0.8031n(T) (W/mK) 
(c) Helium fill-gas pressure - 1 atm. 

k - 5.387 - 0.6191n(T) (W/mK) 

SINTERED 
500' £ T S 1200'k 

(1) Unirradiated 
(a) TD - 100% 

k - 21.01 - 2.651n(T) (W/mK) 
(b) TD - 84% 

k - 14.43 - 1.811n(T) (W/mK) 
<c) TD - 70% 

k - 983 - 1.221n(T) (W/mK) 
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(2) Irradiated (St > 0.5 - 2xl0 2 6) 
(a) TO - 84% 

k - 11.097 - 1.3731n(T) (w/mK) 
(b) TD - 70% 

k - 6.45 - 0.771n(T) (W/mK) 

G. Specific Heat (Cp) 

The following measurements are available for a porosity of 0,22 and 
d - 0.43 fi grain diameter 

Temnerature (mC1 C p (cal/g'Cn 
400 0.330 
500 0.348 
600 0.365 

H. Linear Expansion Factor (AL/L) 
(Tn °C) 
Ai - 7.43 - 2,951n(T) + 0.**5<lnl)2 (%) 
Li 

I. Swelling (AV/V) 

M 8.87 x 10 -30 TfGt 
W V 3 

3/2 

where: T - temperature (°K) 
G - Helium production rate (cm'^sec"1) 
H - Bubble number density (cnT^) 
f - Fraction of helium retained 
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10.3.3. St ECTED PLOTS FOR THE FOLLOWING MATERIAL PROPERTIES 
(see pages 10-16 through 10-25) 

HT-9 and 2 1/4 Cr - 1 Mo: 
Young's Modulus 
Shear Modulus 
Poisson's Ratio 
Ultimate Tensile Strength 

LioO a n (i LiAlOg: 
Thermal Conductivity 

Sintered Irradiated 84%, 70% TD 
Sintered Unirradiated 100%, 84%, 70% TD 

Thermal Expansion Coefficient 
Specific Heat 
Creep Rate 
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Ultimate Tensile Strength -- HT-9 
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Ultimate Tensile Strength — 2 1/4 Cr - 1 Mo 
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Thermal Expansion Coeffcient - Lithium Oxide 

100 2 0 0 3 0 0 1» 500 & 0 , 7*00 «W 900 1000 
Temperature (C) 

Specific Heat - Lithium Oxide 

ioo , fa ^oo,, 
Temperature (C) 
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Lithium Oxide Creep Rate 
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Thermal Expansion Coefficient 
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10.4. PHEN0MENOLOGICA1 SWELLING EQUATIONS FOR SOLID 

BREEDER AND NEUTRON MULTIPLIER MATERIALS 

10.4.1. THEORY 

The behavior of Solid Breeder Materials under irradiation has been the 
subject of various experiments. Hollenberg [2] conducted experiments on 
Li20, LiAK>2 and Li^SiOi ceramics in the FUBR-lA experiment in EBR-II. He 
reported results on helium retention and swelling of these materials after 
«1% Li burnup (<*3xl020 captures/cm^) as a function of irradiation 
temperature. Figure 1 shows the percent helium retentions in L12O and 
L1A102-

In Li20, helium retention is a strong function of temperature, in 
L1A102, however, almost no temperature dependence was detected. Furthermore 
compared to Li20, t-LiA102 has very low helium retention capabilities. The 
cause of swelling is believed to be helium bubbles forming during 
irradiation. Thus the different retention rates of helium in Li0 2 and 
-Y-LiAl02 manifest themselves into different swelling rates. Fig. 2 lends 
some qualitative support for the relationship between helium retentions and 
swelling. However, the low and athermal helium retention behavior in 
7-L1AIO2 are not known at present. Microstructure examination is needed to 
ascertain Che helium bubble morphology in order to explain experimental 
findings. Since it is believed that swelling has its microstructural origin 
in helium behavior, we will develop a simple swelling equation based on the 
following gas behavior assumptions: 

* All retained gas is trapped in bubbles 
* All bubbles are of the same size 
* Van der Waal's Equation of State (EOS) is used 
* Bubbles are in mechanical equilibrium wich the solid 
* Re-solution is neglected 

The Van der Waal's EOS is most commonly used to describe the thermodynamic 
state of fission gases in bubbles. It can be written as 

P <J- - B) - kT (1) 
g 

where p is the pressure of a gas of molecular density p„ at temperature T. 
The van der Waal's parameter B can be regarded as an expression for the 
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10.4.2. SWELLING OF SOLID BREEDER MATERIAL 
Thus we have an expression for swelling as a function of temperature, 

helium production rate and irradiation time. Note that swelling scales as 
t-"--5 which is commonly found experimentally. 

To use eq. (8), knowledge about the helium number density is required. 
The experiment [2] provides us with three swelling data points. Using an 
approximate value of "1000 ergs/c 2 for bubble surface tension, we find from 
eq. (8) and the experimental value for swelling and he Hunt retention at 700" C 
a bubble number density of N •* 1.5x10"^-* cm . Using Eq. 6, we can now 
estimate the average bubble radius at specified temperatures. Table 2 shows 
the estimates for N and R using the experimental data points [2]. 

TABLE 2 
Estimates for bubble number densities and radii using above model and 

experimental swelling data [2] for LiAlOg 
T Cd *av/v (%•) R (A> N x 10 i 4 (cm *) 

500 
700 
?00 

0.12 
0.09 
0.07 

192 
112 
69 

0.382 
1.533 
5.017 

* Experimental data 

Assuming a temperature insensitive bubble number density for 500 £ T < 
900 "C we find a. slight increase in swelling as a function of temperature, 
while experimental evtdeuce points to a slight decrease. In Table 3 we 
compare experimental to analytical results. 

TABLE 3 

Experimental [2] and Analytical [Eq. 8] 
Swelling Results for LiA102 for 500 3 T 3 900 °C 

AV/V (%) 
TCC1 Ext». I Anal. 

500 0.12 0.015 
700 0.09 0.092 
900 0.07 0.122 
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He can now estimate swelling rates of LIAIO2 for our blanket 
conditions. As a demonstration of our model we can use a helium generation 
rate of about SxlO3-3 He/cm3/sec, typical for 5 MW/m^ neutron wall loadings. 
Furthermore we assume a bubble number density of about l.SxlO 1 4 cn~ 3 and an 
athermal helium retention fraction of 3%. Fig. 3 shows the results of our 
phenomenological equation. Under these conditions the swelling is estimated 
to *• 6.7* at 900 'C and 3.3% at 500 °C after 3 years of irradiation. 

Using the approach outlined above, we have also used Hollenberg's 
experimental swelling data for I^O [2]. Table 4 shows the experimental 
findings for swelling and helium retention at various temperatures. 

TABLE h 
Experimental swelling and helium retention data [2] for I^O 

T CO AV/V (ft) fr m 
500 0.6 60 
700 1.8 43 

900 1.6 20 

The model combined with these experimental data points allows us to estimate 
the bubble number density (N) and bubble radii (R). Table 5 shows these 
estimates. 

TABLE 5 
Estimate for bubble number densities 
and radii using the above model and 

experimental data [Z] for Li20 

T ro * AV/V <%) R&) NxlO 1 5 (cm"3) 

500 0,6 61.5 6.19 

700 1.8 195 0.58 

900 1.6 323 0.12 

* Experimental values 
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Gj,* 5.299613 He/cif 3/sec 
|3W/i*2) 

IflRADIATION TIME (YEARS)* 

Fig. 3: Voluaetric Sw«lling of LiA102 Exposed to - S KW/n 2 of Neutron Wall 
Loading as a Function of Irradiation Tine. 
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We see an increase in bubble radius as a function of temperature for 
Li20, while for L1A102 (Table 2) we note a decrease in bubble size. This is 
consistent with the swelling results measured by Hollenberg [2]. In U.AIO2 
thermal emission of helium atoms froa bubbles is probably the major cause for 
bubble shrinkage cftus leading to a decrease in swelling with increasing 
temperatures. Our model does not reflect this behavior because of the 
simplifying assumptions ve had to make due to lack of knowledge of helium 
behavior in ceramics. We are assuming constant size and constant bubble 
densities in describing the swelling behavior. These assumptions are more 
justified for LijO ceramics since swelling more than doubles over the 500 to 
900 "C bemperature range. Thus our model's predictions are in better 
agreement for LijQ than for L1A102- Table 6 compares our model result to 
experimental data. 

TABLE 6 
Experimental [2] and analytical [eq. 8] swelling 

results for U.2O for 500 < T < 900*C 

AVA 1 r*> 
T CO Exp. Anal . 

500 0.6 0.58 

700 1.8 1.65 

900 1.6 1.55 

Experimental data for LijO show a highly temperature sensitive swelling rate 
and helium retention fraction. Because of this we no longer can assume 
constant bubble number densities and retention fractions without introducing 
large errors in the model. Because of this, we have used the values of Table 
4 to evaluate swelling rates for 1^0 at the various temperatures. The 
results of applying our swelling equation (eq. 8) to our reactor conditions 
are demonstrated in Fig. 4. We find our model to follow experimental" "rends 
predicting a slightly highar swelling rate for 700*C than for 500 or 900 °C. 
For our model to w..- used at intermediate temperatures between 500 and 700°C, 
one could use a simple linear extrapolation of the bubble number densities 
and fraction of helium retained from Tables 4 and 5. 
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"IRRAIDATION TIME (YEARS) 

Fig. A: Volunetric Swelling of L1 20 Exposed to - 5 Ktf/n2 of Neutron Wall 
Loading as a Function of Irradiation Time. 
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It should be noted, however, that our approach is purely a 
phenomenological one, which does not necessarily take into account the actual 
physical behavior of helium atoms in ceramics under irradiation. Our modal 
does not include important parameters such as porosity, grain size, 
dislocation network or irradiation produced damage. A model describing these 
phenomena would require a major effort combining experinmt with basic 
analytical research over a period of many years. 

10.4.3. BERYLLIUM SWELLING 

The swelling equation (eq. 8) can also be applied to beryllium. 
Beryllium has a large <n,2n) reaction associated with helium production. 
Furthermore, the 14 MeV neutrons create high PKA energies. Because of these 
characteristics, swelling is of major concern in beryllium. Effects of 
helium production and irradiation-Induced dimensional changes in Be have been 
the subject of experimental investigations using fission spectrums by Beeston 
and co-workers (8,9]. They irradiated Be-specimens in ETR and ATR up to 
3.5xl0 2 2 n/em2 (E > 1 MeV). Beeston's et. al. [8,9] measurements represent 
low neutron energy, low fluence irradiation conditions. Because the effects 
of fast neutron, high fluence irradiation are not known at the present time, 
we have to base our model on Beeston's data. Thus our simple model, although 
applicable to fission conditions, has to be used cautiously when applied to 
fusion conditions. As was the case before, we need to know the bubble number 
densities, the fraction of helium atoms retained and the surface energy of 
beryllium. 

Bees tor. gives an empirical equation for the number density of helium 
bubbles for an annealing temperature between 400° and 600°C. 

N - 1.4 x 1 0 1 4 exp(0.45/kT) cm - 3 (9) 

No measurements for the fraction of helium atoms retained were reported. 
Thus we will take the conservative approach of trapping all produced helium 
atoms Inside the bubbles. Surface energy measurements quote values ranging 
from 1 to 2 J/m 2 [10-12] . Wolfer et. al. [13] have also investigated 
beryllium swelling behavior. They [13] use a similar simple swelling model 
and report best agreement between model and' data for a surface energy value 
of 2 J/m2. Thus we will use the 2 J/m2 value for the surface energy of 
beryllium in our model. Table 7 compares Beeston's data (8,9] to our model. 
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TABLE 7 
Experimental [10,11] and analytical 
swelling results for Be irradiated 
to 50,000 appm at 400* < T < 600°C 

iV/V (%) 
T f*C) Exper. Analvt, 
400 5 4.54 
450 9 6.61 
500 12 9.24 
550 17 12.5 
600 20 16.4 

Ve have applied the simple swelling model to the present blanket 
design. Fig. 5 shows the average pin temperature as a function of distance 
from the first wall. The maximum Be-pin temperature is - 440*C while the 
L1AIO2 hottest pin reaches « 1000°C. The six Be-pins are all of the same 
size. The five front LiA'iO^ pins are roughly half the size of the following 
six rows of breeder pins. Fig. 6 shows the helium atom production rate in 
the LIAIO2 pins as a function of distance from the first wall. The helium 
atom production rate in the beryllium rods is depicted in Fig, 7. .' >te that 
the helium production race is roughly an order of magnitude larger in Be than 
it is in the breeder pins. 

In Fig. 8 we have shown the volumetric swelling of the LiA102 breeder 
pin at the end of three years. We have assumed a constant helium atom 
production rate. Thus not allowing for burnup of lithium atoms. 
Nevertheless, the maximum swelling occurs in the front row of breeder pins 
with a top value of <* 1.3 % after 3 years. This level of swelling would be 
tolerable for blanket lifetimes of 3 - 4 years. 

The high helium-generation rate in Be-rods turns out to be -h.>. life 
limiting phenomena for our blanket design. In Fig. 9 we have depicted the 
beryllium volumetric swelling at various irradiation times. A^ter 1 year of 
irradiation the maximum swelling occurring in the first row of Be-rods 
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PIN AVERAGE TEMPERATURE (°C) 

Distance from First Wall (cm) 

Fig. 5: Blanlc-t Pin Average Steady State Temperature as a Function of 
Distance from the F i r s t Wall for a Neutron Wall Loading of - 5 
HW/»Z. 
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Fig. 6. Helium production in LIAIO2 breeder pins as a function of distance 
from the first wall 
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Average volumetric swelling of LiAlC^ breeder rods exposed Co 
5 MW/m 2 neutron wall loading after 3 years of irradiation 
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loading after 1, 2, and 3 years of irradiation 
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reaches 7.7%. This value increases to unacceptable limits of 20 and 30% 
after 2 and 3 years respectively. Although these levels of swelling seem to 
limit the blanket lifetime to about one year, one should note that no 
allowance was made for Be-burnup during the irradiation time. Furthermore, 
at high levels of swelling, microstructural evolutions will play an important 
role. High swelling rates coupled with thermal cycling lead to the formation 
and propagation of cracks. If bubbles form predominately on grain 
boundaries, interlinkage of bubbles can lead to gas releases high enough to 
reach swelling peaks. Another important microstruetural evolution is the 
role of dislocation network formation during irradiation. Dislocations can 
sweep bubbles from the matrix to grain boundaries, or act as gas tunnelling 
channels. Both phenomena lead to an increase of gas release from the 
matrix. Furthermore, dislocation climb is considered a major creep mechanism 
that can accommodate volumetric swelling. Due to lack of consideration of 
microstuctural phenomena, the high swelling rates for Be-rods cannot be 
considered accurate. They only point to a potential problem which has to be 
investigated in great detail experimentally and analytically. 

10.5. SINTERING PHENOMENA IN BREEDER GERMANICS 

10.5.1. INTRODUCTION 

Two configurations for solid breeders have been considered: pressed and 
sintered pellets and sphere-pac. Cold pressing and sintering techniques were 
developed for Li2<>. I^SiO^, and 7-LIAIO2 samples irradiated in ORR [14] and 
EBR-II irradiation experiments [15]. 

For LWR and fast reactor fuel rods sphere-pac technology has been 
developed and is considered attractive for solid-breeders. 

The sphere-pac solid breeder configuration could potentially allow for 
higher thermal conductance due to the elimination of pellet clad gaps. This 
configuration assumes that internal shifting of the sphere-pac will 
accommodate expansions or contractions of solid breeder mticerial. 

A sound understanding of the factors that govern the temperature 
distribution within the solid-breeder material is essential to successful 
prediction of breeder performance over long periods of time and in an intense 
radiation field. 
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The temperature d i s t r i b u t i o n , which depends strongly on porosity, 

influences solid-breeder performance in two important ways: 

1. High t empera tures ' . S o l i d - s t a t e r e a c t i o n s t h a t would be 

immeasurably slow at lower temperatures proceed at rates suf f ic ient 

to produce s igni f icant changes in material properties during the 

l i f e - t i m e of the breeder in the reactor. Phenomena primarily 

affected by high operating temperatures include: 

a. Grain growth 
b. Densification (sintering) 
c. Fission-product diffusion 

2. Steeo temperature gradients: High temperatures can close pores 
which migrate up a temperature gradient; important constituents of 
solid-breeder material, such as oxygen, Li, and fission products, 
are red stribuced from their initial concentration profiles (which 
are usually uniform); thermal stresses- resulting from the 
temperature gradients cause breeder material either to deform 
plastically in regions of high temperature or to crack in 
low-temperature zones. 

Because porosity determines both temperature and temperature gradients in 
solid breeders, the next section will outline some effects of porosity. 

The following section looks at the possibility of sintering of 
sphere-pac solid breeder material. 

10.5.2. THE EFFECT OF POROSITY 

Oxide fuels are generally fabricated by sintering pellets of pressed 
powdered UO2 or mixed UO2-PUO2 at high cemperatures (typically 1700 °C) for a 
predetermined length of time. By control of the sintering conditions, 
materials of an;~ desired density between 80 and 90% of theoretical density 
can be produced. 

In the sphere-pac route, high density ceramic spheres of controlled 
sizes are produced and then subsequently loaded with the assistant of 
low-energy vibration. 
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The high density ceramic spheres are produced in three steps: 

1. Preparation of a special solution 
2. Gelation of droplets to give semi-rigid spheres 
3. Drying and sintering these spheres to a high density. 

Inasmuch as porosity in a ceramic body invariably reduces its thermal 
conductivity, it would appear desirable to eliminate all internal pores or 

voids in the fuel fabrication process. 

However, a certain amount of fabricated porosity is useful in 
accommodating the fission products that accumulate during irradiation; 
porosity is a means of minimizing fuel swelling. The density of both thermal 
and fast reactor fu«ils are well below theoretical value. The porosity of the 
fast reactor [{U, Pu) Oj^ag, p <* 90% TD] is purpose'7 made greater than that 
of the thermal reactor fuel [U02+x •" 92% TO] , because of the larger burnups 
required in the former. (Larger burnups are required zo enhance 
breeding-ratios. 

Since controlled solid breeder material porosity is a design variable, 
it is important to be able to predict the effect of porosity on solid-breeder 
properties, in particular on thermal conductivity and consequently fission 
gas (3TJ diffusivity. 

Theoretical analysis of the effect of porosity on thermal conductivity 
has been hampered by the number of variables that must be considered. One 
variable that appears in most theoretical models is the volume porosity (F), 
defined by: 

P - volume of pores 
volume of pores + volume of solid 

In addition, the geometry and physical properties of the individual 
pores may also be important. Pore geometry is defined by its size, shape and 
orientation with respect to the direction of heat flow. Physical properties 
that nay be significant are the emmisivity of the solid and the thermal 
conductivity of the gas trapped within the pore (if any). 

In 1954, Loeb [16] treated the thermal conductivity in a manner that 
permitted many of the secondary variables mentioned in the preceding 
paragraph to be properly accounted for. In 1966, Biancheria [17] was able to 
theoretically account for the effects of pore shape. 
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The well-known Loeb equation describing conductivity of a porous 
material is: 

k - k s(l-P) (9) 

where k - thermal conductivity of a porous material 
kg - thermal conductivity of a solid material 
P — porosity given by 

P - 1 - (0_) (10) 

where p/p3 is percentage of theoretical density. Loeb'a equation has been 

found to underestimate the porosity effect on the thermal conductivity of 

UO2. This deficiency has been remedied by inserting an adjustable parameter 

to yield: 

k - ks(l-eP) (11) 

Equation (11) is called the modified Loeb equation. Values of the parameter 
a from 2 to 3 have been determined by fitting this equation to UO2 
thermal-conductivity measurements. 

Biancheria's [17] analysis of the porosity effect yield the following 
formula: 

*— - ^ - ^ — ("131 
k g l+(a-l)P ( L £ ) 

However, contrary to the purely empirical nature of the parameter a in 
equation (11), a in equation (12) can be evaluated for equal-sized pores of a 
particular geometry randomly distributed in the solid. For spheres a - 1.5; 
for axisynmetric shapes such as ellipsoids of revolution, the sphere factor a 
is greater than 1.5. 

In theory, the thermal conductivity of porous ceramics can be determined 
by using equations 9, 11 or 12. However, extensive measurements of UO2 
thermal conductivity have shown that the theoretical formulas do not agree 
well enough with experiments to serve as design equations. 

Thi* trend will probably hold true for solid-breeder material and purely 
empirical formulas should be used when reliable numerical values are needed. 
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Yung Y. Liu, M.C, B i l l o n e and R. Clemmer [18] have performed 
t h e r m a l - c o n d u c t i v i t y measurements on i r r a d i a t e d and un i r rad ia ted 
Li2<)-sintered pel le t and sphere-pac 7-L1A102, which could be ut i l ized to 
compare to theoretical values and to produce empirical equations for k e ff of 
Li2<) and 7-L1A102. 

10.5.3. SINTERING 

Lithium oxide pellets in the form of cylinders with 1 in. in diameter by 
1 in. in height have been prepared for the TFTR lithium blanket module (LBM) 
program [19 j. 

To facilitate the release of bred tritium, the density of these pellets 
is purposely kept well below theoretical densities (TD). Takahashi and 
Kikuchi [20] have demonstrated that as the density of Li20 pellets is 
increased above 86%, the fraction of closed porosity remains essentially 
constant at 3% to 4% of the pellet volume. 

Sphare-pac requires three sizes of spheres to achieve about 88% smear 
density. If a lower density is acceptable, two sizes will yield about 85% 
smear density [21]. 

The contact area between adjacent microsphere plays an important role in 
the thermal conductivity. Although there is only a =»3% difference In density 
between ternary and binary mixtures of UOj, experiments [22] show that the 
effective conductivity of the ternary mixture of UO2 (1.75 W/m-k) is much 
higher than that of a binary mixture (0.9 tf/m-k). 

Fuel-gap conductance has also been measured for sphere-pac fuel and 
pellets of identical fuel composition [23]). These measurements show a gap 
conductance of 7.3 ktf/m2 "C for pellet fuel and 19.3 kW/m2 "C for sphere-pac 
fuel. This reduction of contact r distance between the breeder and its clad 
can significantly change temperature distributions of the breeder material. 

From the point of view of thermal conductivity and lithium loading in 
the blanket, the density of the solid breeder material should be maximized, 
whereas from the point of view of tritium recoverability porosity, in 
particular open porosity, should be maximized. 
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One of the challenges encountered in solid-breeder material design lies 
in determining this optimum density for Che breeder material. Once 
determined, what will the upper temperature limit be to insure no further 
densification? 

To shed light on some of these issues let us examine some sintering 
mechanisms which could occur ?n sphere-pac solid breeder material. 

During sintering, an originally perous compact is transformed into a 
dense ceramic. Most commonly pores become more spherical (i.e., closed) in 
shape and smaller in size as firing continues. The free energy that gives 
rise to densification is the decrease in surface area and lowering of the 
surface free energy by the elimination of solid-vapor interfaces. This 
usually takea place with the coincidental formation of new, but lower-energy, 
solid-solid interfaces. Thus restructuring of the contact area between the 
microsphere causes a change in shape and shrinkage of the pore. 

The different mechanisms for material transfer during sintering 
processes are: 

a. Evaporation and Condensation 
b. Viscous flow 
c. Surface diffusion 
d. Grain-boundary or lattice diffusion 
e. Plastic deformation. 

In treating fission fuel material the two mechanisms shown to be 
important are: Evaporation-Condensation and Diffusion. In the absence of 
temperature gradients vapor phase material transfer can occur due to vapor 
pressure differences as a function of particle curvatures. 

For micron-range particle size the vapor pressure has to be larger than 
10** - 10" 5 atm for evaporation-condensation to be significant. 

Vapor pressures reach significant values for U 2 O above 120O°C and for 
LIAIO2 above 1400'C, both well above proposed upper temperature limits. 

However, if vapor pressures ere low, material transfer may occur more 
rapidly by diffusion. Diffusion is equivalent to the migration of lattice 
vacancies in the opposite direction. Material can migrate from the grain 
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boundaries between particle to the neck area between two microspheres 
resulting in equivalent notion of particle centers toward one another. This 
results in simultaneous changes in pore size and pore shape and a 
corresponding decrease in overall porosity. 

Kingsry [24] has derived an expression for the rate of growth of bond 
formation (x). His finding, x a t V 5 , are verified experimentally: 

r 
"4O7D 0 

1/5 
«-3'V5 ( 1 3 ) 

kT 

Using equation (13), Kingery [24] derived an expression for the shrinkage of 

a compact: 

2/5 

v " L ft w J 
From this expression he concluded that shrinkage is not strongly time 
dependent [(AV/V) a t*-5] but size dependant. The sintering rate is roughly 
proportional to r" 1 [(AV/V) a r " 6 / 5 ] ; as the particle size is decreased, the 
rate of sintering is raised. 

The other variable affecting sintering rates is the vacancy diffusion 
coefficient which is sensitive to temporatur* and impurities. Because the 
vacancy diffusion coefficients have not been well extablished for 
solid-breeder material us« of Kingery's equations can be misleading in 
determining sintering behavior of 7-LIAIO2. 

Some experimental measurements [25] indicate the onset of sintering in 
sphere-pac -y-LiA102 around 1200*C. 

Great uncertainty remains as to the effect of irradiation on the 
sintering rate. 

The kinetics of the sintering process depends on the location of the 
pores (which are the vacancy sources) relative to.the grain boundaries (which 
are the vacancy sinks). Porosity close to the grain boundaries is more 
rapidly eliminated than porosity in the middle of the grain for in the latter 
case vacancies must diffuse through the bulk. 
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The rate of shrinkage of a porous solid Is governed by the flux of 
vacancies reaching the grain boundary from the pores. 

In Kingery's nodal, the only means by which vacancies left a pore and 
entered the adjacent solid was by diffusion. 

In solid-breeder material exposed to radiation, however, vacancies can 
be ejected into the solid by the disruptive action of primary-knock on-atoras 
(PKA's) passing through or near a pore. This is a type of re-solution 
process generally associated with fission-gas bubbles. Although a pore can 
be thought of as consisting of(4/3)nRi/0 vacancies, the vacancies arti not 
ponderable particles that can acquire kintelc energy by collision with 
high-speed particles (e.g., a fission fragment or a lattice knock-on). 
Therefore, pore shrinkage by fission fragments or PKA's must be described by 
a form of macroscopic re-solution, in which a passing fragment blasts solid 
from one side of a pore to the other, trapping some vacancies in the 
deposited side in the process. The buried vacancies are considered to be 
redissolved and to acquire the mobility of tingle vacancies in the lattice. 

Because the pores in ceramic fuels and thus in solid-breeder material 
are considerably larger than fission-gas bubbles, it is unlikely that a pore 
can be completely converted to vacancies by a single re-solution event. 
Hence re-solution is considered to reduce the sise of the pores but not to 
change the total pore concentration. In sphere-pac solid breeder material we 
have highly dense microspheres with the porosity concentrated in large 
volumes between the spheres. In this case it is even more unlikely that 
re-solution will have any effect on Che shape or size of the pores and 
consequently on the altering rate. 

The other irradiation effect that could be considered is the substantial 
vacancy production rate due to collision cascades and fission spikes. In 
dens if ic at ion models neither of the vacancy sinks in the solid (grain 
boundaries) exhibits a preference for interstitials or vacancies; so an 
excess of one type of point defect in the solid cannot be built up. Only 
dislocations are biased sinks, and they are not considered. If they were, 
swelling rather than shrinkage would probably occur, for this is the prime 
effect of the presence of dislocation sinks in void swelling in metals. 

The above discussion shows that unrealistic assumption concerning the 
distribution of the pores, their initial size, the neglect of grain growth 
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concurrent with densification, and the effects of radiation on re-solution 
and pore shape have Co be made in order Co model sintering of solid-breeder 
material. 

Therefore, we have to rely on experiments to set guide-lines in the 
development of solid-breeder material. 
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11.1. INTRODUCTIOM 

The thermal analysis of the blanket examines both the steady-state and 
transient reactor operations. The steady-state analysis covers full power and 
fractional power operation whereas the transient analysis examines the effects 
of power ramps and blanket preheat. The blanket configuration chosen for this 
study is a helium cooled solid breeder design. The blanket design is summari
zed below. In this paper we first discuss the full power, steady-state tem
perature fields in the first wall, beryllium rods, and breeder rods. Next we 
examine the effects of fractional power on coolant flow and temperature field 
distributions. This includes power plateaus of 10%, 202, SOT!, BOX, and LOOS 
of full power. Also examined are the restrictions on the rates of power 
ramping between plateaus. Finally we discuss the power and time requirements 
for pre-heating the primary loop from cold iron conditions up to startup 
temperature (250"C). 

The results of the thermal analysis have been used in the structural 
analysis of the first wall and the beryllium and LiAlO, rods [1,2] and the 
tritium inventory calculations [3]. 

REFERENCE BLANKET DESIGN 

The reference blanket design chosen for this study is a helium cooled 
solid breeder concept. The breeder material is lithium aluminate (LiAlCM 
which is in the form of metal clad rods. The cladding material is 9-C, a low 
activation ferritic steel similar to HT-9. A neutron multiplier zone of bare 
beryllium rods is included to enhance the tritium breeding. The blanket is 
divided toroidally into 24 sectors each consisting of 45 modules. The sector 
configuration is shown in Fig, 1 and a single module cross section is shown in 
Fig. 2. 

The coolant flow path starts in the module shell and first wall and then 
enters the blanket. It then cools the neutron multiplier zone followed by the 
tritium breeding zone. Notice that the breeding section is divided into two 
zones. The larger rods, toward the back of the blanket are sized to operate 
near TWy ™ HOO'C. This reduces the diffusive tritium inventory. Selection 
of the pin sizes is discussed in Sect. 11.2.2. Table I summarizes the major 
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Fig. 1, One of 24 toroidal blanket sectors [5] 
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Fig. 2. Cross section of a single blanket nodule 
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TABLE I 
REACTOR AND BLANKET MODULE OPERATING CONDITIONS 

Reactor type 

Major radius 
Minor radius 
Elongation 
Number of toroidal sectors 
Number of blanket modules/sector 
Blanket module type 

Module poloidal height 
Module mean toroidal length 
Fusion power 
Thermal power 
First wall 14 MeV neutron flux 
First wall surface heat flux 
Coolant pressure 
Coolant inlet temperature 
Coolant outlet temperature 
Coolant mass flow rate 
Thermal efficiency, gross 
Electric output, gross 

Continuous burn d-t tokamak with a helium 
cooled solid LiA102 blanket 
5.7 m 
1.S6 m 
1.6 
24 
45 (full poloidal coverage) 
Helium cooled, pressurized module of 
9-C structure (low activation) 
0.2S m 
1.S0 m 
28S0 MW 
3463 MW 
5 MW/m2 

1 MW/m2 

5 MPa 
250°C 
5509C 
2.21 x 10 3 kg/s 
35Z 
1034 MW 
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operating parameters of the blanket design. A more detailed description of 
this blanket design can be found in Ref. [4J. 

11.2. STEADY-STAK THERMAL ANALYSIS 

11.2.1. FIRST WALL 

The general configuration of the helium cooled first wall is shown in 
Fig. 3. This design is similar to the tokamak first wall design chosen for 
the Blanket Comparison and Selection Study (BCSS) [5]. Typical first wall 
dimensions are also shown on Fig. 3. The thermal analysis waa an Iterative 
process in which work was done in parallel with the first-wall stress analysis 
CRef. [1]). Optimization of the first wall involved several design variables 
including peak and average temperature, coolant pressure and pressure drop, 
peak stress, and first wall lifetime. 

First wall optimization includes the effects of two additional configu
ration changes. Flr3t we examined the effects of cooling fins inside the 
coolant channel. This concept is illustrated in Fig. 3. The other design 
change is the use of 3-D surface roughening. Both of these first wall 
alterations affect the temperature fields and the coolant pressure drop. 

Numerical methods were used to calculate the 2-D temperature fields. The 
finite element heat conduction code, TAC02D [6], waa used for the analysis. 

The applied heat loads include a surface heat flux of 1 MW/m and an 
average volumetric heat generation rate of 60 MW/m . The latter value has 
been calculated from the neutronics analysis [A] while the former is based 
upon the BCSS guidelines for a neutron wall load of 5 MW/m2. 

The equation for the turbulent heat transfer coefficient [Eq. (1)] is 
obtained from Ref. [7]. (NOTE: The nomenclature is summarized at the end of 
the paper.) 

b - 0.022 f Re°-8pr 0 '4£f°' 1 8 . ( 1 ) 

The temperature effects on Prandtl number are small over the film temperature 
drop, therefore: 
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Pr 0'* (for helium at 250'C) - 0.85 . (2) 

A further simplification of fiq. (1) can be made In the temperature ratio term. 
Preliminary analysis has shown that the film temperature drop, AT. »T - T f, 
on the plasma side of the coolant channel is such that 80°C<AT. <320*C. With 
the bulk coolant temperature, T f - 250°C (513 K), we see the following range 
of the temperature ratio. 

T -0.18 
0.92 < (~) < 0.97 . (3) 

In this analysis an average temperature ratio of 0.95 Js chosen, thus 
simplifying Eq. (1) to the following: 

h - O.018(k/D H)Re 0' 8 . (A) 

In addition to Eq. (4), which applies to smooth wall tubes, we examined 
the effectiveness of wall roughness* Specifically, we chose 3-D roughening 
which approximately triples the heat transfer coefficient [7]. The penalty 
for this enhanced heat transfer la a seven-fold increase In the friction 
factor. To minimize the coolant pressure drop due to roughness, we only 
roughen the side of the coolant channel nearest the plasma since this surface 
has the highest heat flux entering the coolant. 

The other critical theraal-hydraullc paromeLsr Is the coolant pressure 
drop. In general, the pressure drop is given by Eq. ("•), 

AP - (L/^) f B(pV 2/2) , (5) 

The smooth wall friction factor, f s, is given by [8]: 

f a - l/[2 loa l 0(Re/f^ - 0.3] 2 . (6)-

For the cas«s Involving surface roughening, the average friction factor, f, is 
estimated using 
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Equation (7) states t^at the average friction factor is equal to the sum of 
the local friction factors weighted by their area fraction. 

The following first wall variations have been examined: 
1. No fins, smooth walls, 
2. No fins, roughness on front surface, 
3. One fin, smooth walla, 
4. One fin, roughness on front surface, 
5. Two fins, smooth walls, 
6. Two fins, roughness on front surface. 

The choice of Case 1 allows simple comparison Co Che BCSS studies. Cases 2 
through 6 are included as heat transfer enhancement methods. The desire is to 
decrease the peak and average first wall temperature without sacrificing first 
wall thickness.- He also investigated the effect of fin length on the maximum 
and average temperatures and Che coolant pressure drop. 

Table II summarizes the results from Cases 1 to 6. Temperature contours 
for Cases 2, 4, and 6 are shown in Figs. 4a, 4b, and 4c, respectively. The 
fin length variation and its effect on maximum and average temperature and 
pressure drop are shown in Fig. 5. 

The maximum surface temperature of a simple first wall channel can be 
reduced from 827" to 605°C with slight modification of the geometry. On the 
high heat flux side of the coolant channel, 3-D surface roughening greatly 
reduces the film temperature drop thus leading to the lower structure tempera
ture. The addition of internal fins has lesser impact on structure tempera
ture. An optimum choice appears to be Case 4, one fin with roughening. The 
structure temperature is 621°C, and the required first wall pumping power is 
6 hST(e). This is not unreasonable for a 1000 MW(e) gas-cooled power plant. 

11.2.2. BREEDER AND NEUTRON MULTIPLIER 
The flow geometry in the breeder and neutron multiplier zones is cross 

flow of helium around rod bundles. Because the pins are grouped into three 
zones of different outside diameters, an average heat transfer coefficient for 
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TABLE II 
SUMMARY OF FIRST WALL PARAMETRIC ANALYSIS 

Case No. Description T M A X ( ° C ) v H e ( , n ' s ) Ap(MPa) ? p u m p[MW(e)] 

1 Simple Channel, 
Smooth 

827 76 0.0023 1.7 

2 Simple Channel, 
Rough 

676 76 0.0049 3.6 

3 One Internal Fin, 
Smooth 

703 91 0.0037 2.7 

4 One Internal Fin, 
Rough 

621 91 0.0080 5.8 

5 Two Internal Flna, , 
Smooth 

651 127 0.0255 16.9 

6 Two Internal Flna, 
Rough 

605 127 0.0S48 40.6 
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CONTOUR TEMPERATURE CO 
A 260 
B 2 80 
C 300 
D 320 
E 340 
F 360 
G 380 
H 400 
I 420 
J 440 
K 460 
L 480 
M 500 
N 520 
0 ' 540 
P 560 
Q 580 
K 600 

Fig. 4. First wall temperature contours for Che case with (a) no internal fin, 
(b) one internal fin, and (c) two internal fins. All three cases had 
surface roughening on the plasma side of the coolant channel 
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Fig. 5. The effect of internal fin length on maximum first wall 
temperature und helium pumping power (first wall only) 
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each zone is required. The average heat transfer coefficient for cross flow 
In rod bundles Is given by [9] 

h - 0.33 CF(k/D)(G mD/p) 0' 6 Pr 0* 3 . (8) 
Scaling factor C Is an empirical coefficient that does not vary significantly 
from unity. F is a factor that depends on the number of rods l>i each zone, as 
shown in Table III. In our design, F is always between 0.95 and 0.92 for each 
zone, individually. Since each zone Is in close proximity to the others, we 
will assume chat the number of rows of pins that affect the local flow paths 
Is large and therefore F IS approximately unity. 

TABLE III 
SCALING FACTOR, F, 

FOR AVERAGE HEAT TRANSFER COEFFICIENT FOR FLOW ACROSS ROD BUNDLES 
No. of rows 1 2 3 I* 5 6 7 8 9 10 

F 
(Triangular 
lattice) 

0.68 0.75 0.83 0.89 0.9Z 0.95 0.97 0.99 0.99 1 

The rod lattice for each zone is a triangular pitch. The layout is shown 
in Fig. 6 with the various dimensions for each of the three sones tabulated in 
Table IV. 

TABLE IV 
SUMMARY OF PHYSICAL LAYOUT OF THE 
BERYLLIUM AND BOTH LIALO^ ZONES 

Composition d' 1) s^ 1' 7. S t r u c ^ Void Re 

Beryllium 1.7 0.3 66 34 26,900 

LiA102/9-C 1.22 0.2 67 33 16.100 
LiA102/9-C 3.00 0.3 75 25 67,700 

^'Centimeters 
'2^Breeder + cladding 
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Fig. 6. Rod lattice used in the beryllium zone and both LiA10 2 zones 
(see Table IV _or specific dimensions) 



An effect that Is only encountered in the breeder pins is multi-layer 
heat flow. The pins are similar to fission fuel rods with the breeder, 
L1A10 2, surrounded by a helium filled gap and a 9-C cladding. One large 
uncertainty of this configuration Is the conductance of heat across the helium 
gap. Ideally, we would like no gap. However, assembly of the rods requires a 
small clearance gap to allow insertion of the breeder into the cladding. An 
initial gap of 0.1 mm was assumed for this analysis. Based on the BCSS analy
sis [5] we find that the gap heat flow in our design is governed by the gas 
phase conductance. This results from the gap size being much larger than the 
surface roughness. Typical surface roughness is 6 x 10 m while the gap is 
1 0 - 4 m. Therefore, in the thermal analysis we model the breeder pin as three 
concentric cylinders of L1A10 2, He, and 9-C. 

The first analysis performed was a 1-D heat flow in concentric, volumet-
rlcally heated cylinders. The breeder temperature as a function of radius is 
given by 

CO C 

Results of the 1-D assalysis are illustrated in Figs. 7a and 7b. Figure 
7a presents T(r) for the inner and outer pins of breeder zone 1 (rows 1 and 5) 
and Fig. 7b presents T(r) for the same pins of breeder zone 2 (rows 6 and 11). 
Equation (9) has also been used to calculate the temperature profiles within 
the beryllium rods. The maximum temperature and temperature gradients of the 
Be are found to be quite small. This is a result of using bare Be rods and 
the good thermal conductivity of the Be. Typically the maximum Be temperature 
la 430°C and the minimum is 410°C. 

The diameter of the breeder pins in the final design is based on Itera
tion between the neutronlcs calculations and the blanket heat transfer. The 
maximum allowable temperature for LiA102 is set at 1100°C. For a given volu
metric heat generation rate we can use Eq. (9) to calculate the pin diameter 
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Fig. 7. Radial temperature gradients in the two breeder zones. 
(a) Curves A and B are for the pins in rows ] and 5, respectively; 
(b) Curves A and B are for the pins in rows 6 and 11, respectively. 
(Row numbers are defined in Fig. 2.) 



that results in a 1100°C centerline temperature. It is conceivable that we 
could apply Eq. (9) to each row of pins, thereby designing a blanket with pins 
of many different sizes, and each one having Tjj^ ™ 1100SC. This would result 
in a large portion of the breeder material operating near T . ^ which results 
in a minimum blanket tritium inventory. For reasons of blanket design 
simplicity, we opted for a two-zone blanket model. 

The 1-D thermal analysis is sufficient for calculating average tempera
ture, radial temperature gradients, and maximum temperature of each pin. 
There are, however, 2-D effects that need to be taken into account. Specifi
cally we need to calculate the azimuthal variation of the cladding temperature 
so that we can determine the pin deflection due to rod bowing, See Ref. [2} 
for the rod bowing analysis. 

The 2-D effects are: azimuthal variation of heat transfer coefficient 
and coolant temperature, non-uniform helium gap size due to breeder/cladding 
eccentricity, and variation of the volumetric heat generation rate across the 
breeder and the cladding. The latter effect is most pronounced in the first 
row of breeder pins. In these pins, thtj peak-to-minimura heat generation rate 
is 2.9. 

Of these 2-D asymmetries, the most difficult to quantify is the variation 
of the heat transfer coefficient. Early experiments en flow around a single 
cylinder (Lohrish, 1929 [10,11]) have shown that the local Nusselt numbers an-i 
hence the local heat transfer coefficients vary azimuthally from 220X (Re -
50,000) up to 475Z (Re - 4000). Typical azimuthal variations of Nu and the 
heat transfer coefficient are shown in Fig. 8 (calculated from Ref. [10]). 
The situation becomes more complicated as we go from a single cylinder to 
banks of cylinders. Lohrish, also in 1929, performed some experiments with 
rod bundles that revealed that there was still an azinmthal dependance on h. 

Based on Lohrish's result, we chose to let h(8) vary in the following 
fashion: 

h(9) - h A V G[1.5 - 0.625(9/90)] ; 0 < 9 <: 90° , (10) 

h(9) - 0.875 h, v r ; 90° «; 6 < 180° , (11) 
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Fig. 8. Aaimuthal variation of Nusselt number for 
flow around a single cylinder 
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where h,„g is calculated from Eq. (8). Equations (10) and (11) produce a 
linearly decreasing heat transfer coefficient from the front of the pin to its 
midplane and a constant h from the midplane to the back, of the pin. The 
variation of h is illustrated in Fig. 9. 

The remaining 2-D asymmetries are more easily applied. The neutronics 
calculations produce the local volumetric heat generation rates. In the first 
row of breeder pins, the heat generation within the LiAlOj ranges from 60w/cnr' 
up to 179 w/cm » The coolant temperature was assumed to very linearly with 
angle around the pin. An energy balance on each row of pins yields the total 
coolant temperature rise per pin. Finally, the eccentricity of the cladding 
and breeder was modeled as a line-of-contact at the front of the pin and an 
azimuthally varying gap around the pin. Figure 10 summarizes all the 2-D 
asymmetries. 

The effects of the 2-D asymmetries were examined for three rows of pins. 
The first row of each breeding zone, since they have the highest volumetric 
heating in their respective zones, and the last row of pins in the blanket 
since the cladding temperature is highest. Thid latter case could cause 
problems because of the thermal creep of 9-C [2]. 

The cladding temperature distributions for the three cases are shown in 
Fig, 11. A typical temperature contour plot is shown in Fig. 12. These 
contours are for the first row of breeder pins (o.d. » 1.22 cm). 

As stated earlier, the temperature profiles have been used to determine 
the rod bowing deflection due to thermal expansion [2]. The calculations 
reveal that thermally induced rod deflections are small (AX = 0.5 mm) and can 
be considered to have no consequence on reactor operation. 

11.2.3. FRACTIONAL POWER OPERATION 

The objective of the blanket thermal analysis during fractional power 
operation is to determine what changes will occur in the temperature fields 
and what the resulting effect will be. Initially, we observe that the thermal 
stresses in the reactor are reduced. Both the surface and volumetric heating 
are reduced resulting in lower thermal gradients. This leads us to conclude 
that at low power the reactor should operate quite safely. However, from 
Eq. (9) we see that the breeder temperature will be lower. The result is a 
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Fig. 9. Azimuthal variation of Nusselt number for flow normal to rod bundles 
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Fig. 10. Summary of the 2-D asymmetries found on the breeder pins. Included 
are non-uniform heat generation, azimuthal variation of the heat 
transfer coe f f i c i ent , helium gap eccentr ic i ty , and increased coolant 
temperature around the pin 
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12. Temperature contours for breeder pins in row 1 (symmetric half 
shown). The jigged horizontal lines define zones of different 
rates of volumetric heat generation used in finite element analys.. * 
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A 

decrease in tritium diffusion and an increase of Che diffusive nrltium 
Inventory In the blanket. 

To model the thermal behavior of Che breeder it fractional power we 
rewrite Eq. (9) as follows: 

"' 2 '"* 2 2 i 
« r . „ > - T ? + [ ^ ^ c

 +
 n0.6 h) 

I I T 1 1 1 

. QL1 V g . \ i fJ. 2,-, ,.,.. 
+ — 5 ^ + ̂ j-(r o-r )]n . (12) 

In Eq. (12), n is defined as the operating power divided by the reactors 
maximum power capacity. For example, If the reactor is operating at 50Z 
power, n » 0.5. Optimum thermal efficiency la obtained if the primary coolant 
inlet and outlet temperatures are kept constant. Therefore, the coolant mass 
flow rate must decrease linearly with r\. The heat transfer coefficient calcu
lated from Eq. (8) scales as (velocity)"'6 which accounts for the n * scaling 
factor for V. I.. Eq. <12], As the flow decreases for airaller p the flow 
regimes che ..ge fiom turbulent to transition to laminar. The transition occurs 
at n - 0.05 which Implies that Eq. (12) is valid for 0.05 < n < 1.0. This 
range is virtually che full range cf power for the reactor. 

Figure 13 illustrates the effect of steady fractional power operation on 
breeder pin temperature. Also shown on Fig. 13 is Che total tritium inventory 
of the blanket (from Ref. [3]). We see a pronounced increase in inventory <\t 
low power levels because the tritium diffusion coefficient is a strong 
function of temperature. 

One method of decreasing the tritium inventory in the event of prolonged 
operation at low power is to alter the coolant flow conditions. For example, 
at 50Z power we can raise the coolant inlet temperature from 230° to 350'C 
while maintaining the outlet ac i>50°C. Now Che coolant temperature and the 
breeder temperature for each row of pins will be higher. The result is a 
decrease in diffusive tritium inventory. For the specific example given, the 
tritium inventory decreases by about 203. The i malcy paid for this type A 
flow control is increased helium pumping power and lower net efficiency. 
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average breeder temperatures and the total blanket tritium 
inventory 
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Another method of decreasing tritium inventory at low power is to 
periodically allow the breeder rods to run hotter than normal. This could be 
achieved by decreasing the coolant mass flow rate at prescribed intervals. 
The tradeoff between plant efficiency and tritium inventory should be examined 
before adopting either of these methods of control. 

11.3. TRANSIENT THERMAL ANALYSIS 

11.3.1. POWER RAMPS 

As stated in Sect. 11.2.3, steady power generation at fractions of full 
power does not place strict requirements on the operation of the reactor. 
Increased tritium inventory is the primary concern and judicious plant 
operation via coolant flow, control will reduce that problem. 

A more serious concern relating to fractional power operation is the time 
rate-of-change from one power plateau to the next. In a fusion plasma the 
rate-of-change of power production can be quite fast: typically on the time 
scale of energy confinement, about one second [12]. If the power loading on 
the first wall and blanket are increased on this time scale severe transient 
thermal fields could develop. These transients result from the slow fluid 
response time in the primary loop. The coolant flow time constant can range 
from 10s to 100s of seconds. The longest time constant is the time required 
to reach thermal equilibrium after a change in the level of power production. 
In the reference blanket design the time constant for thermal equilibrium is 
governed by thermal diffusion out of the multilayer breeder rods. We will now 
discuss the calculation and consequences of various time constants. 

11.3.1.1. First Wall Response 
The first wall thermal response to abrupt changes in power load followed 

by slow changes in coolant flow have been studied. Using the finite element 
model presented in Sect. 11.2.1 we are able to produce temperature histories 
for the first wall under various conditions. Two wall load conditions were 
examined: a severe rate-of-change of power (IOZ/sec) and a moderate rate-of-
change (lOZ/min). In combination with these power ramps were the associated 
changes in coolant flow rate. We looked at three flow ramps; 10%/sec, 10%/min 
and 1%/min. The combinations of these rates yields 6 different cases that 
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cover a wide range of operating scenarios. Each case starts at 50% of full 
power and ramps up to full power. The entire ramping cycle lasts from 5 sec 
to 50 rain depending on the specific case. 

The results of these calculations are plotted in Fig. 14. The most 
severe conditions exist when the change In coolant flow rate is slower than 
the change in power production. The worst case is Case 3 in which the power 
increases at lOZ/scc and the coolant flow increases at lZ/tnin. In this situ
ation the structure reaches a maximum temperature of 702°C and then slowly 
cools to 621°C. He conclude from this analysis that the rate of power ramp-up 
should never be faster than the rate of coolant flow ramp-up. It is desirable 
to ramp power and coolant flow at the same rate. This dictates that the plas
ma power ramp rate will be determined by the available coolant flow ramp rate. 

11.3.1.2. Breeder Rod Response 

The thermal response of the multilayer breeder rods has been examined. 
The worst case is a step change in power followed by a slow ramp-up of coolant 
flow. However, based on the conclusion of the first wall response analysis we 
only consider moderate and equal ramps of power and coolant flow to be 
realistic. 

The breeder rods studied were the first row of 3-cm-diam pins (row 6). 
These pins were chosen because they have a longer thermal time constant than 
the smaller pins in rows 1-5. The ramp rates for power and flow are 10%/min. 
The time response of the center line temperature in the pins is shown in 
Fig. 15. We see that the centerline temperature follows closely the power 
ramp and reaches equilibrium at 600 sec. This is 300 sec after the end of the 
power ramp. It is interesting to note that even for a step change ir power 
and flow the time to reach equilibrium is about 400 sec. This indicates that 
a safety margin exists within the breeder in the event of utiforseen rapid 
power excursion. 

11.3.2. PRIMARY LOOP PREHEAT 

The final topic of this paper is a discussion of the requirements for 
primary loop preheating. It is desirable from a reactor operations viewpoint 
to perform hot functional tests prior to reactor power generation., These 
tests will ensure that no problem will be produced from thermal expansion and 
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under various power and coolant flow ramps. 
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D. Power increases at 102/min; Flow increases at 10%/sec 

Fig. 14. 

11-24 



100 I paver 

1100 

1050 

1000 

950 

900 

850 

FUSION POWER RAMP 

BREEDER CENTER LINE TEMPERATURE 

50 X power 

100 200 300 

TIME d e c ) 

400 500 600 

Fig. IS. Response of the breeder centerl ine temperature to a 10%/roin 
Increase in fusion power. The dashed l i n e shows the temperature 
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reactor pressurization. To perform the hot functional testing the primary 
loop must be heated with an auxllllary heat source. For the purposes of plant 
design and operation it in necessary to know the power and time required for 
preheat. In this analysis we assume that the primary coolant, helium, is used 
as the heat transfer medium. 

The model of the primary loop and the method of solution are similar to 
those developed at UCLA by Taghavi and Ghoniem [13]. In their analysis the 
individual primary loop components are modeled as thermal capacitance "lumps." 
The analysis presented here is similar with slight modifications to account 
for the physical differences in the specific reactor designs. 

The lumped capacitance model requires a thermal time constant for each 
component. This time constant T, is given by Eq. (13). 

p C V 
T i - ( - 5 - h H i • ( 1 3 > 

The time constants for the primary loop components are tabulated in Table V. 

All of the primary loop components are initially at ambient temperature, 
20°C. During the hot functional testing we intend to operate all components 
at 250°C. Thus, our taBk is to determine the time required to reach this 
temperature and the total energy needed. 

Since we assume that there are no heat loss mechaniara, the preheat 
energy is easily determined. The energy required is given by Eq. (14). 

H 
E . I (mC )j_ AT . (14) 

where i represents an individual component and AT » 230°C. Evaluating the 
summation for the conditions specified gives the total energy required, 9.1 x 
10 J (25.3 MW-hr). We must next calculate the time required to preheat. 
From this information we can determine what the heater power must be. 

We will assume that the heater can continually produce hot helium with an 
outlet temperature of 400°C which is 150"C hotter than the desired primary 
loop final temperature. Figure 16 illustrates the temperature history of the 
primary loop components during preheat. We see from Fig. 16 that the first 
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TABLE V 
PREHEAT TIME CONSTANTS FOR THE PRIMARY LOOP COMPONENTS 

Component, i (. (sec) Total Number of 
Components with T. 

1/2 Primary piping 750 

First wall plus 57 1,080 
module shell 

Beryllium rods 24 64,800 

L1A10, rods 45 86,400 
(OD - 1.22 cn^ 

LiA10 2 rods 150 45,360 
(OD - 3.0 cm) 

(1) Time constant T IS defined as T • pc V/hA. 
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Fig. 16. Temperature response of the primary loop during reheat 



half of the primary piping heats quite rapidly, reaching the desired temper
ature of 250°C in 20 min. This is expected since there is always hot gas 
(400°C) in contact with this structure. The blanket modules reach 250°C after 
180 min of preheat. The average thermal power required for this cycle is 
8.A MW. 

It should be noted that during most of the preheat cycle the temperature 
of the first half of the primary piping is 400°C, which is 150°C hotter than 
during normal operation. If this is unacceptable, then it may be desirable to 
heat up the primary loop in reverse order. Thus we would heat up the hot leg 
of the primary piping first, then the blanket and finally the cold leg of the 
primary. Now the hot leg, which normally operates at 550'C, will be at 400°C 
for the majority of the preheat cycle. 

11.4. SUMMARY 

Detailed thermal analysis has been performed on a pin-type solid breeder 
blanket. A first wall with internal fins and 3-D surface roughening is used. 
The maximum temperature is 620°C and at the beginning-of-life there is 5 mm of 
structure between the coolant and plasma. The breeding blanket is divided 
Into two zones of 9-C clad LlAlOj pins. The pins in each zone are sized to 
operate near T y ^ of the breeder (HOO'C). 

Fractional power operation of the blanket modules was examined. During 
steady fractional power operation, no adverse effects are seen except for 
increased tritium inventory due to lower average temperatures within the 
breeder. A more interesting condition Is observed during power ramps between 
fractional power plateaus. Specifically, when the fusion power and coolant 
flow are not Increased at the same rate, the first wall experiences atypical 
temperature behavior. This condition could lead to structure temperatures 
that are higher than Che allowable. 

Finally, we examined the requirements of primary loop preheat. The 
results Indicate that three hours of preheat operation will heat the loop to 
250°C with an average power consumption of 3.4 MW. 
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KOMEHCIATUKE 

2 
A area, m 

2 
A- roughened area of first wall channel, m 
Ay total first wall channel area, a 
C empirical coefficient for flow across rod bundles 
c specific heat, J/Kg K 
D„ hydraulic diameter, m 
F scaling factor for flow across rod bundles 
f friction factor for smooth tubes 

3 2 G mass flow rate per unit area, Kg/m s m 2 

h heat transfer coefficient, w/m K 
k thermal conductivity, w/m K 
k thermal conductivity of the cladding, w/m K 
k thermal conductivity of the heliua filled gap, w/m K 
II thermal conductivity of the LiAlO,, w/m K 
L length, m 
m mass, Kg 
Ap pressure drop, Pa 
Pr Prandtl number 

3 
Q " ' volumetric heat generation rate in the cladding, w/m' 

c 3 
<}*** volumetric heat generation rate in the LiAlO,, w/m 
Be Reynolds number 
r . inner radius of the cladding, m r outer radius of the cladding, m co r outer radius of the LlAl0 o, m o 2* 
T, bulk coolant temperature, K 
AT. coolant film temperature drop, K 
T wall temperature, K 
t cladding thickness, m 
t gap thickness, m 

g 3 
V volume, m 

3 
p density, Kg/m 
n fraction of full power <0«n<l) 
6 angle measured around pins, degrees 
T thermal time constant, s 
p viscosity, Kg/m s 
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THERMOMECHANICAL ANALYSIS OF SOLID BREEDERS 
IN SPHERE-PAC, PLATE, AND PELLET CONFIGURATIONS 
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12,1. INTRODUCTION 

Fusion blankets featuring solid breeders have been proposed in many 
different configurations. The "Blanket Comparison and Selection Study" 
(BCSS) [1], for example, includes breeder-in-tube, breeder-oufcslde-tube, and 
layered designs. As discussed in the study, each concept has advantages and 
disadvantages associated with its various components. In this report we w l 1 ! 
assess the theraomechanical behavior of three common configurations and dis
cuss the implications on blanket design. 

The first configuration studied is called sphere-par.> tt features small 
breeder spheres of three different diameters, thus allowing efficient packing 
and minimal void fraction. The concept originated as an attempt to minimize 
thermal stresses in the breeder and improve the predictability of the breeder-
structure interface heat conduction. It remains a viable option for commer
cial fusion. 

The second concept features plates of solid breeder wrapped with thin 
stee1 cladding. The thermal stresses in large plates can reach high levels, 
so small rectangular blocks will be used in most designs. This shifts much of 
the load to the cladding, which should be thin for good breeding and thick for 
good cechanical strength. In general the breeder is made as thin as possible, 
to maximize the breeding ratio, so the cladding's integrity will likely be the 
life-limiting issue of this concept. 

The thiid breeder configuration is in the form of pellets cladded by 
steel tubes. This design is similar to fission fuel rods, but the analysis 
for fusion differs in two ways: 

1. The coolant in fission reactors flows parallel to the fuel rods' 
axes, whereas fusion designs can be either parallel or cross flow. 

2. The flux source in fission reactors is the fuel itself, while in 
fusion it is the plasma. As a result, the damage gradient over the 
cross section of a solid breeder pin may be more severe than in 
fission rods. 
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The major thermomechanlcal issue of the pin-type designs is cracking, which 
would impair the thermal performance of the blanket. Fortunately, the pins 
can be sized to prevent cracking under normal operation. 

In this report we have treated each blanket genetically, dealing with 
basic issues rather than design specifics. Our basic philosophy is to avoid 
cracking of the breeder if at all possible. Tt can be argued that cracking 
could be allowed, but this would sacrifice predictability of the blanket 
thermal performance and tritium release characteristics. Proper design can 
and should minimize breeder cracking. 

12.2. SPHERE-PAC BREEDER CONFIGURATION 

Because the use of relatively large blocks of solid breeder can lead to 
severe interaction with the surrounding structure, the sphere-pac concept Is 
an attractive configuration that achieves high net density while reducing the 
blanket stresses. Three different sphere diameters are u^.d to minimize the 
voids in the breeder zone. It is assumed, by those who advocate this concept, 
that the spheres are relatively free to move around as they expand, thus 
reducing the thermal stresses due to constraint. In this sense, the spheres 
are believed to act much like a fluid. 

Unfortunately, it may not be sufficient to assume that the spheres are 
unconstrained. One might expect that If the sphere diameter is more than 
about half of the diameter of the surrounding structure relative motion may be 
reduced, causing the spheres to act more like a solid. Additionally, sinter
ing could inhibit the idealized behavior of the breeder, leading to cracking 
or breakage. Thp following analysis attempts to quantify the possible effects 
of solid breeder pellet constraint. 

12.2.1. UNCONSTRAINED THERMAL STRESS 
Initially we consider the stresses in a free sphere subject to a uniform 

temperature rise AT., and uniform volumetric heating q"'. If we assume 
D 

linear, elastic material behavior and no angular dependence of the tempera
ture, the displacements and stresses are [2]: 
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« - ^ ^ i / r * a * ••*&*> 4 / b * 2 " i • b J 0 
2aE ,1 ,b __2 . 1 r r „_2. . 

°r " 1=7 f J I fc d r " "J ( * d t ) ' b J 0 r 0 

% - ' e - & ^ / b * 2 - r + ^ f r T r 2 d r - T ) , <1> 

where U Is the radial displacement, T la the temperature change from the 
stress-free state, b la the sphere radius, a Is the thermal expansion coef
ficient, E the Young'a modulus, and v is Poisson's ratio. All material 
properties are assumed to be homogeneous and independent of temperature. 
a , o\,, and a are the normal stresses in the directions of the spherical r 8 $ 
coordinates r, 9, and 4>. 

12.2.1*1. Uniform temperature Change 
For a uniform temperature change, the stresses are zero and the radial 

displacement at the surface is given by 
U - baAT. . (2) 

12.2.1.2. Uniform Volumetric Heating 
For a uniform volumetric heating rate q"', the temperature distribution 

is parabolic [2]: 

T - * T b + £ o T - ( b 2 - r 2 ) » <3> 

where k is the thermal conductivity. 
Substituting Eq. (3) into the stress and displacement equations (1), we 

obtain 
(r Z - b Z) , °r 15(l-v)k 

aEq'" ,. 2 ,2. 
% m °e • 15(l-v)k ( 2 r " b > » <4) 

UCb)-ba(Tb4£^H . 

The stresses are plotted in Fig. 1. The radial stress a is always com
pressive, while <j- and o are compressive near the center (r «• 0) and tensile 

8 A 
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Fig. 1. Thermal streaaea in an unconstrained sphere 
subjected to uniform volumetric heating. 
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naar the surface (r - b). The stress state Is equi-trlaxial compression near 
ths center and equl-biaxial tension near the surface, so cracking will likely 
begin at the surface. Surface stresses In L ^ O spheres for various heating 
rates and sphere radii are given in Table I. As seen, the thermal stresses in 
an unconstrained 1 mm pellet are quite small, but those In 5 mm pellets exceed 
the fracture strength for Li,0. Conplete or partial constraint will only 
aggravate the potential problems• 

12.2.2. CONSTRAINED THERMAL STRESSES 

In some cases, adjoining spheres will not allow free accomodation of 
thermal expansion. The worst case is one in which the centers of two spheres 
remain at a fixed distance. This problem is addressed by calculating the 
change in the distance between centers of two free spheres due to a tempera
ture change and then calculating the force required to restore them to their 
original position. 

Roark [3] gives the stresses and displacements in two identical elastic 
spheres due to a point load P as 

,P 2 1 / 3 

A - 1.35(*s-) 
E b 

PE 2 1 / 3 

cr - -0.616f.2f-') c.max *-.2 ' 

(5) 

TABLE I 
MAXIMUM STRESSES IN BREEDER SPHERES 

b 
(mm) (MW/*3) 3 9 (unconstrained) 

(MPa) 
a (constrained) 

(MPa) 

1 50 600 3.3 7000 
1 50 0 3.3 260 
1 10 0 0.7 120 
5 SO 0 82.0 1300 
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where & is the change in distance between the sphere centers (after free 
expansion) and a is the maximum compressive stress, which occurs at the 
contact surface between the two spheres. The maximum tensile stress is about 
0.133 a and occurs at the edge of the contact surface. 

c,max 
Setting a + U(b) - 0, where U(b) is given by Eq. (A), we obtain 

, ,,,.2 3/2 
p - E b 2 f e ( T b + j W H ) - ( 6 ) 

and the maximum stress is 

« c > m a x - "0.616 E f ^ r T , . ^ ] 1 ' 2 . (7) 

The stresses given by this formula, Ignoring fracture, are In Table I. Obvi
ously, the sctesses are very high, but one must consider the model used in 
this analysis before giving up on the sphere-pac concept. 

Sphere-pac w'.s originated to allow accomodation of thermal expansion or 
swelling, on the premise that relative motion of adjoining spheres would be 
possible. In general, the constraint of the breeder will be minimized and the 
resulting stresses will also be small. It is only in certain situations that 
free expansion is restrained and large stresses are developed. Even then, the 
constraint will not likely be as severe as those analyzed here. These consid
erations indicate that a thorough analysis of sphere-pac Is difficult and 
testing is required to verify its feasibility. 

12.3. PLATE CONFIGURATION 

One common fusion blanket concept features plates of solid breeder con
tained by some structural material [1]. The breeders are often quite brittle 
so thermal stresses can easily lead to cracking In even an unconstrained 
plate. The cladding, which offers some restraint of the breeder's thermal 
expansion, compounds the problem. In addition, one would like to minimize the 
amount of structure In the breeding zone in order to increase the tritium 
breeding ratio; hence the cladding is generally very thin. In some cases, the 
cladding may actually be the weakest member of the system. In either case, 
analysis is needed to assess the Integrity of a solid breeder blanket. 
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To deal with the interaction between breeder plates and their cladding, 
this report first analyzes the thermal stresses in an uuconstrained plate that 
Is essentially infinite in two directions, as seen in Fig. 2. The neutron 
current is in the z-direction and the temperature varies in both the y- and z-
dlrections, leading to stresses in the ^-direction. The Impact of the clad
ding on this stress field is then calculated assuming that it acts like a 
simple truss member at the top of che plate (z - 0). Finally, possible 
advancements in this analysis are suggested. 

12.3.1. UNCONSTRAINED PLATES 
A neutron current in the z-direction, such as that in Fig. 2, will cause 

a temperature distribution that is independent of *, symmetric about y - 0 and 
which decays exponentially in che z-direction. These conditions Imply that 
the plate will not bend, thus simplifying our analysis. Assuming that thare 
are no stresses in the y-direction because the plate is thin and that there 
are also none in Che x-dlrection because the uniform heat generation does not 
vary In that direction, a 1-D analysis is sufficient for the bulk of the 
plate. We begin with a general equation for the strains in Che plate: 

T el , th c , s , Q. 
e • e + e + e + e , (8) 

where e T is che total sCrain at a point in the breeder, e e l is the elastic 
strain, e t h is the thermal strain, e c is the creep strain, and e s is the 

el swelling strain. Assuming linear elastic behavior, e is given by a/E, where 
E is Che Young's Modulus. By integrating Eq. (8) over a cross section in the 
x-y plane, one obtains: 

/ e TdA - / |- dA + / (e t h+e C+e S)dA . (9) 

If £ is independent of position, / (a7E)dA • FB/E where F z is the net force on 
the cross section. This must be zero because there are no applied loads. 
Additionally, e can be taken to be independent of x and y as long as the 
plate is thin and doesn't bend [4]. Therefore, / e TdA » e T / dA, yielding 

1 -i. 
(10) 

where the integral over x has canceljd out. 
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Fig. 2. Model uaed for breeder plate analysis. 
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Substituting Eq. (10) Into Eq. (8), the stress Is found to be 

where 
az - E(e" - e") , (11) 

„ th s c e » e + e + e , 
and 

*" " U I e" d y " < 1 2 ) 

The stress is thus determined by the difference between the average and local 
strains. 

12.3.1.1. Thermal Stresses 

In this section, swelling and creep strains are ignored. Assuming that 
the thermal expansion coefficient a is Independent of position and 
temperature, Eq. (11) becomes 

a - Eot(T •• T) , (13) 
where 

T--^-/ Tdy . (14) f 
-i, 

Ignoring conduction In the x-z plane, the temperature Is given t/ [5] 

Wc+s^r-ii-tf)2] . <») 

where T is the coolant temperature, q"' Is the uniform volumetric heating 
rate and k is the breeder thermal conductivity. Integrating over the 
thickness, one finds 

2 
T - T c + i L ! r ~ > ( 1 6 ) 

and „ „ 
T - T . _ i _ £ _ [ i _ (Z-j l . (17) 

2k L3 V J 

This quantity, (T - T), depends on z only as q"' depends on z, hence It 

exhibits an exponential decay due to the decay in the neutron flux. 
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Substituting Eq. (17) into (13) one obtains 

- , - - ^ [ 4 - ( f ) 2 ] • «« 

For typical reactor conditions, the stresses at z - 0 are plotted in Fig. 3. 
The peak tensile stress is approximately 200 MPa, while the peak compressive 
stress Is -100 MPa. The tensile peak exceeds the fracture stress of the LinO, 
so cracking will occur. 

12.3.1.2. End Effects 

Because there are no applied tractions on the breeder surfaces, <j must 
z 

be zero at z " 0. Therefore Eq. (13) is only valid some distance away from 
the surface. Arguments similar to St. Venant's principle [6] Imply that 
Eq. (13) is valid only for z > 2Jt and c decreases to zero as z approaches 

z 
zero. Therefore, decreasing the length of the plate or cutting it Into small 
blocks will decrease the stresses, thereby reducing the likelihood of 
fracture. 

This phenonemon was verified using SAP IV, a finite element structural 
analysis code [7]. As shown in Fig. 4, the stress reaches the value given by 
Eq. (18) in a distance of about 1.6 I. Therefore blocks of breeder that are 
less than 3.2 times as long as they are thick will likely have reduced 
stresses. 
12.3.1.3. Creep Relaxation of Swelling Deformations 

If creep and swelling are included in the analysis, the steady-state 
stresses can either be above or below the initial thermal stresses. In this 
analysis, we will assume a swelling equation of the form 

e s - J Y ~ - f(T) S , (19) 

where 5 is the accumulated dose and f(T) gives the temperature dependence. In 
addition, we will assume 

e C - Ac , (20) 
z 
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Fig. 3 . Axial s tresses near top of plate subjected to 

neutron flux 
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Fig. 4, Effect of free surface on the axial stress distribution 
at the top'of the plate. 

12-12 



* c where A is independent of temperature and e is the creep strain rate In terras 
of the dose 5. In other words, 

6 
e - / to d6' . (21) 

0 * 

Substituting Eq, (21) into Kq. (12), one obtains 

e C - - = f j / todfi'dy--^/ T dS' - 0 , (22) 
a -i 0 z a 0 z 

where F z, the applied force, is taken to be zero for any cross section. Sub
stituting Eqs. (19), (21), and (22), in Eq. (11), one obtains 

cr - cV1 + Efitf(T) - f(T)] -E / to do" (23) 
z 2 0 

where a is given by Eq. (18) and z 

i I 
« T ) - -~ / f (T)dy . (24) 

" -I 

Equation (23) is a first order ODE which is easily solved, giving 

az - a C h exp(-EAS) + SIL_£II>. [i _ exp(-EAS)] . (25) 

The initial thermal stress is relaxed exponentially by the creep, while the 
swelling stresses, which would otherwise increase linearly with dose, are 
limited to a value determined by the ratio of the swelling and creep rates. 

As seen in Eq. (25), stresses in the breeder can become large even if the 
thermal stresses are tolerable. Unfortunately, the data on the swelling and 
creep of solid breeder is quite United, so further analysis will be set aolde 
until these uncertainties are removed. 
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12.3.2. CONSTRAINED PIATES 

The Interaction of the solid breeder and Its cladding Is a complex 
problem, requiring a 3-D global analysis for a complete description. In order 
to get a rough estimate of the expected problem, we will assume that the major 
point of Interaction Is at the top; z • 0, and that the clad and breeder 
behave as truss members. 

Consider two truss members of length 21 that are connected at the ends. 
The first Is made of steel with thickness T; the second Is solid breeder with 
thickness s. While the breeder is actually quite long, It can be modeled as a 
truss element with some effective thickness determined by the amount of 
material which la influenced by the cladding attached to the top. 

For the two truss members, we find 

pc" V V Aoc) » 
and 

PB " V A B " A0B) ' ( 2 6 ) 

where P is the load per unit length In the x-directlon, K Is the stiffness 
(K - E T / 2 1 ) , & is the total displacement of the end, and A- Is the initial 
displacement due to thermal expansion. 

Because the bars are connected, are requires 

and 
P B + P c - 0 , (27) 

where B devotes the breeder and C the cladding. Setting 

a Q - 2eceT , 
and solving for P c y ie lds 

V 
PC " 1 + C E C T / E B S ) ( a B _ a C ) T » 
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where s is the effective thickness of breeder influenced by the cladding. To 
approximate s, SAP IV was used to analyze a thin truss member attached to the 
top of a long plate. The stiffness of a 1-cm-thick Li2 0 p l a t e was calculated 
by calculating the load and deflection at the top, due to differential expan
sion of a 0.25-mm-thick cladding. The breeder stiffness was found to be 
nearly equal to the cladding stiffness, so 

ac m Pc/T - 7 V ^ c ^ • ( 3 0 ) 

This result will depend on the geometry and materials, but it is adequate for 
comparison of various configuration options. Stresses predicted by Eq. (30) 
can be very large because CT_ is proportional to the average temperature rise 
T, rather than the gradient f - T. Therefore, unless a„ - a„ is quite small, 
the cladding is likely to fracture. 

To relieve the stresses due to interaction, a designer may try curving 
the cladding to allow for expansion. For a semi-circular cladding of radius 
Z, Timoshenko and Goodier [6] determine the stiffness: 

K - - - 2 - ? , (31) 
C M> 

giving 
2 (Ect/3w)ffi 

2 V r ""B "C (aB-a„)T . (32) 

Because the cladding stiffness is reduced by the factnr (1/3IT)(T/4) , we can 
assume K C/K B « 1, giving 

a. V T " 37 E C ^ < a B " a C > f * ( 3 3 ) 

This simple design change has reduced the stress by the factor (2/3TT)(T/1) 2, 
which is approximately 0.002 for typical dimensions. Even if bending of this 
circular cladding is considered, the reduction in stress is significant. 
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12.3.3. CONCLUSIONS 

The analysis of solid breeder stresses is difficult, complicated by 
uncertainties In reactor designs, material properties and modeling. The 
rather simple analyses presented here are nonetheless useful because they 
provide Insight into scaling relationships and possible design changes. They 
also allow one to consider both swelling and creep, without reverting to 
complex codes, which can be costly. 

It is apparent from this analysis that large solid breeder plates will 
most likely fracture because of thermal stresses. To avoid such a possibil
ity, small blocks have to be packed into rectangular cladding canisters. 
However, the flat interaction surfaces of this configuration leads to further 
problems. It is advisable to contain solid breeders in tubular-*type cladding 
configurations. For typical reactor designs, no analysis will be reliable 
enough to preclude thorough component testing, so the analysis presented here 
may suffice until blanket design progresses further. 

12.4. PELLET CONFIGURATION 

Because solid breeders are inherently brittle, they are prone to cracking 
due to thermal gradients, swelling gradients, and external loads or con
straint. Since the breeders are not needed to function as structural materi
als , this cracking Is not hazardous, yet it can Impede reactor performance. 
As the breeder pellets crack, their net conductivity and tritium diffusion 
behaviors change. Additionally, the restructuring and fragmentation can 
Impede purge flow, increasing the tritium inventory. Before cracking is 
allowed, the designer must understand the pellet behavior under expected 
operating conditions. 

In this section, thermal stresses in solid pellets are calculated for a 
variety of temperature fields, including azimuthal variations. Because the 
rods are oriented perpendicular to both the neutron current from the plasma 
and the coolant flow, the temperature will vary radially and azlmuthally. The 
thermal stresses, therefore, will also be functions of r and 9. Axial 
stresses will be treated by assuming tnat the pellets are in a state of plane 
stress. 
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12.4.1. PROBLEM DESCRIPTION 
The model chosen for the analysis Is seen In Fig. 5. It features a solid 

cylinder of radius b, with no body forces or surface tractions. The thermal 
field Is assumed to be of the font: 

T " T 0 " Tref " < Tc " Tref> + V $ £1 < 6> 

+ ^ i : ) 2 f 1 + r f 2 ( 9 ) l » ( 3 4 > 
where T represents the components of the thermal field that cause stress, T 0 

is the operating temperature, and T f e£ Is a zero-stress reference tempera
ture. The thermal field consists of four major components: 

1. T c - T f Is the difference between the operating temperature at the 
center of the pellet and the reference temperature. 

2. Tj(r/b)fj(9) represents an azlrauthal variation that Is linear in r. 
3. &(r/b) 2 Is obtained when fj(e) - f 2(9) - C and the volumetric heating 

q'" Is constant. In this case, 
A - -q'"b2/te , (35) 

where k Is the thermal conductivity. 
4. TjCr/b) f 2C9) represents an azlmuthal variation that Is quadratic 

In r. 

The functions f^ and £2 a r e general functions of 9 which depend upon the 
flow parameters and neutronics. In this section they will be expanded in a 
Fourier series and only the first term will be analyzed. 

12.4.2. STRESS ANALYSIS 
To simplify the calculations, the four components of the thermal field 

will be treated separately and the resulting stresses will be superimposed. 
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Fig, 5. Model used for breeder pellet analysis. 
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12.4.2.1. Axisyametric Thermal Field 

12.4.2.1.1. Uniform Temperature. For an axisymmetric thermal field and plane 
stress conditions, Olander {8] gives the following equation for the radial 
displacement u: 

dVtr-d7< r u )l - d + ^ l p U T ) , (36) 

where v is Poisson's ratio and o is the coefficient of thermal expansion. 
Assuming a and \> are independent of r and T, Eq. (36) can be Integrated once 
to yield 

~ (ru) - (1 + v)aTr t 2 C j t , (37) 

where C- is an arbitrary constant. 

For constant temperature, Eq. (37) can be integrated to yield 

u - [f (1 + V)«(T c - T r e f ) + C 2]r + J- . (38) 

In order to have finite displacement at r - 0, one requires C 1 - 0. 
To obtair. the stress field, one requires stress-strain and strain-

displacement equations. Timoshenko and Goodier give the axlsymmetric strain-
displacement equations [9] as 

3u 
e r " 3r * 

u 1 3v 
e 9 " r r 36 * 

1 3u 3v 
Y r t " r 99 3r r (39) 

and the plane stress constitutive equations [10] as 
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E [« r + vc - (1 + v)«T] , ur . 2 L"r " 8 1 - v 
ae - j [e 9 + ve f - (I + v)«T] , 

Substituting Eq. (38) into Eq. (39) and then Into Eq. (40), one obtains 

* r - * 9 - T ^ t C 2 - I { 1 - ^ ( T c - T r e f > ] • W 

Using the boundary condition c;r(r - b) - 0, one finds that the pellet Is 
stress free, i.e., 

aT - (Je - 0 . (42) 

Hence, the average pellet temperature has no influence on cracking and only 
gradients (radial or azimuthal) cause stresses. 

The displacement, u, ia given by 

u " 1 a ( T c " Tref ) r ' ( 4 3 ) 

12.4.2.1.2. Uniform Volumetric Heating. Starting from Eq. (37), one 
n inserts T » A(r/b) and Integrates to obtain 

1 r 3 Cl u - j (1 + v)oi ̂ 2"+ C 2r + y - . (44) 
b 

Again, finite displacement requires Cj • 0. 
Using Eqs. (39) and (40), the stresses are found to be 

I - V 

«. - ^ r [ a ^ ) c , - 3 < I r 2 ) °A (£)2] . (45) e X - V 2 L ~ " ^ * 

For o r ( r » b) - 0, Cg •• ( l / 4 ) ( l - \>)oA, the s tresses are 
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c r - i *»A[ l - ( f ) 2 l • 

o e - ± S . A ( l - 3 ( $ 2 ] , (46) 

and the displacement I s 

u - J « A r [ ( l - v) + (1 + v ) ( | ) Z ] . (47) 

12.4.2.2. Non~Axlsymmetric Thermal Field 

12.4.2.2.1. T - T1(r/b)cos9. Because of the asimuthal variation Introduced 
here, the previous analysis must be modified. The procedures will involve 
both stress and displacement potentials, as suggested by Timoshenko and 
Goodier [11]. 

To find a particular solution, one introduces a displacement potential i|i, 
such that 

u " 'f'.r » v " t l / r J * , e ' ( 4 8 ) 

where v is the azimuthal displacement and * r represents 3<(i/3r. For plane 
stress, the governing equation for ij> is 

7 2 * - * , r r + 7 * , r + 7 + ,e8 - ( 1 + v ) o T ' ( 4 9 > 

If V is expanded in a cosine series, i.e., i|t • E t(i cosne, then the 
particular solution will involve only i|ij because of ™ the assumed thermal 
field. Substituting into Eq. (49), one obtains 

•l.rr+K.r-Vl""***1!® ' ( 5°> 
' r 

the particular solution to th i s equation i s 

*! - - } ( 1 +v)BT l f (b 2 - j r 2 ) , (51) 

and, from Eq. (48) , one finds 
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1 * r 2 

u - - j (1 + vJoT^b - |--g-)cose , 

l 1 r 2 

v --i- (1 + v)aTj(b -y-g-)sin9 , 

ffr " " T E o T i t f ) c 0 8 e • 

o g - - j EoTjC-^cose , 

Trt * - 4 E o T l f 5 8 l n e * ( 5 2 ) 

Since this Is only a particular solution, there are no arbitrary con
stants that allow us to impose the proper boundary conditions. Therefore, a 
problem featuring applied surface tractions must be superimposed upon Eq. (52) 
to yield the proper solution. This problem Is beat solved using a stress 
potential $. 

The surface tractions required to produce a traction-free surface condi
tion when added to Eq. (52) are 

o (r - b) - •£ EsT, cos9 , 

T r 8 ( r * b ) " ~1 E a T l s i n e ' ( 5 3 ) 

To solve this problem, Introduce $ such that 

c ' r - 7 * > r + 7 * , e e » 

a e " * , r r • 

T re--fr-(Ke) • < 5 4 ) 

The governing equation is 

( — + - — + — — ) U + ± * + i - 4 ) - 0 . (55) 
S r 2 r 3r r 2 3 9 2 A \ r r r \ r r 2 ,90 J 
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• 1 

and the solution i s i) • Ar cos8, where A i s an arbitrary constant. This 
leads to 

a - 2Ar cose , 

a - 6Ar coa6 , 
0 

x . - 2Ar sine . (56) 

to 

Using Eq. (53) one finds A - ( l /S^EaTi and 

ar "T E a T / b ' c o s e ' 

°e " I E c , T l f b> C 0 8 6 • 
T r e • * E a T i ^ 8 i n e • ( 5 7 ) 

Adding Eqs. (57) and (52) to obtain the total solution, one again finds that 
the pellet is stress-free. This is not surprising If one considers the nature 
of the assumed thermal field. When T - A(r/b)cos0, the contours of constant 
temperature are straight lines perpendicular to the coolant flow. In other 
words, T varies linearly with distance from the plasma. This, intuitively, Is 
a zero-stress situation. 

12.4.2.2.2. T • Tg(r/b) 2 cos6. In this case, the particular solution to 
Eq. (49) is 

i (1 + v) aT,r(b - -2^) cose , (58) 6 - — " " 2 ^ " 5 b 2 

and the s tresses are 
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a r * ~ 5~ ^ V ^ C 0 8 e ' 

4 „ _ ,-r,2 

T r$ - " ? M

2 ( b ' 2 8 i n 9 * ( 5 9 ) 

To obtain a tract ion-free surface, one solves Eq. (55) for 

<rr(r - b) » •£ EoT1 cose , 

T r 9 ( r " b > " ? E a T l B i n e ' ( 6 0 ) 

and adds the result [fron Eq. (56)] to Eq. (59) to obtain the f inal so lut ion: 

ce - J E a T 2 ( ^ ) f l - $ c o s e , 

Tre " i ^ C f K i -|)Blll« • <«> 
12.4.3. RESULTS 

Using .the material parameters in Table II, stresses are tabulated In 
Table III for various reactor parameters and pellet dimensions. In all cases 
the stress given is the hoop stress a~ at the surface, which is the maximum 
tensile stress in the pellet. 

For typical parameters of a 1-eia-diam pellet and 50-MW/m -volumetric 
heating, the peak tensile stress for Tj ~ 0 is 215.6 MPa, well above the frac
ture strength of the pellet. To just avoid the cracking that would result 
from uniform heating, the pellet radius would have to be changed to 6.5, 3.75, 
and 2.9 mm for heating rates of 10, 30, and 50 MW/nr, respectively. 
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TABLE II 
LiAlOj PROPERTIES 

E » 230 X 103 MPa 

a - 1.2 x 10~S C"1 

u m 0.23 

k - 2 W/mk 

"fracture " 7 2 * 8 M P a (t**18*!*) 

TABLE III 
MAXIMUM TENSILE STRESSES IN SOLID BREEDER PELLETS 

b 
(mm) 

q < " 

(MW/m3) CO 
axysymmetric 

(MPa) 
o * ( b ) 

"nonsyametric 
(MPa) 

5 50 -20 215.6 11.0 
2.9 50 0 72.8 0 
3.75 30 0 72.8 0 
6.5 10 0 72.8 0 
5 10 -20 43.1 11.0 
5 10 -10 A3.1 5.5 

< a >T 2 - 0 
- 0 

The ef f ect| \f aiiauthal temperature variation is seen in the last column 
of Table III. lEven for T 2 - 20°C, which would represent a difference of 40*C 
between the frcL ind back of the pellet, the stresses are only 11 MPa. For 
pellets with diameters on the order of I to 2 cm, T 2 should be much less than 
20"C and the corresponding stresses should be quite nail. This Indicates 
that the nons^metric effects are relatively unimportant, so axisymmetric 
thermal fields could be used in a «nq>l«, nonlinear inelastic analysis 
without sacrificing the integrity of the solution. 
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12.4.4. CONCLUSIONS 
According to the calculations presented here, cracking of solid breeder 

pellets can be avoided by the proper choice of their radii. This optimal 
pellet size is reasonable when thermal stresses are considered. Other factors 
not discussed are stresses due to the Interaction of irradiation creep and 
swelling. The equally important problem of breeder-cladding interaction is 
discussed elsewhere in the report. 

Another significant result of this work is the relatively small effect of 
azimuthal variations in the thermal field. This indicates that further 
analysis can be carried out assuming axisymmetric behavior. 
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13.1. INTRODUCTION 

When a solid breeder is encased in a metal tube, its designer must use 
analyses of both the deflections and stresses in order to determine the number 
and type of supports to construct along the rod. For a thorough analysis, one 
must include such "loads" as thermal expansion, body weight of both the pel
lets and tube, and swelling. In addition, models for thermal and irradiation 
creep must be incorporated to model time-dependent response. For this report, 
analytical methods wi.il. be used to allow use of the most general, up-to-date 
material models. 

The breeder rods, as shown in Fig. la, are modeled as Euler beams which 
are simply supported at each end and in the center. The thermal and radiation 
damage fields are assumed to be constant along the rod, varying only over the 
cross section. This leads to symmetry about the central support, allowing 
analysis of only half the length of the model as shown in Fig. lb. The 
applied force per unit length q is equivalent to the weight loading, while 
arbitrary temperature and swelling variations over the cross section are also 
considered. 

h> h> 

/K /tv /N /N /K /N A\ 

rh rh ' rh $ 

111 /N 

7h 
L/Z L/2-H h L / H 

(a) (b) 

Fig. 1. Beam models used for bowing analysis. 
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13.2. ANALYSIS 

13.2.1. BEAM THEORY 
For a Bernoulll-Euler beam under axial and transverse loadings, the axial 

strain e z is given by 
.2 
d v -,, 

e z - e o - * - 2 ' ( 1> 
d£ 

where e„ is the strain at the central axis (x » 0) and v is the transverse 
beam deflection [1]. To relate e, to the stress a , one requires a constitu
tive relation, which for a 1-D stress state is 

a 
e z --g 5 + «T + e S + e'; , (2) 

where oT, e s, and e c represent the thermal, swelling, and creep strains, 
respectively. 

Combining Eqs. (1) and (2), multiplying by x, and Integrating over the 
cross section, one finds the following second order equation for the 
displacement: 

.2 
-EI ̂  - M + Hj, + M s + M G , <3) 

where I is the moment of inertia of the cladding cross section, E is its 
Young's Modulus and 

M - / xo dA , 

MT - E / xaTdA , 

M - E / xe 9 dA , 

M c - E J" xe c dA . ( 4 ) 
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Using the standard sign conventions, the moment M can be related to q; 
equilibrium requires 

4 - £ + q - 0 . (5) 

Integrating Eq. (5) twice and using the boundary condition M(L/2) - 0, yields 

M-CjU - | ) - } < U 2 - $ , (6) 

where C, is an arbitrary constant. Substituting Eq. (6) into Eq. (3) and 
Integrating twice gives 

-Elv - <y + C 3 + I ̂ (f - \) - | 5
2q(i e - $ 

+ (Up + M s) J 5 2 + /* f Mcd*«ln • (7) 

Using the displacement boundary conditions v(0) - v'(0) » v(L/2) - 0, the 
constants are found to be 

c 2 - c 3 - o , 

c i - fe •* • r ( M x + V + 7 J" 2 £n V»*> • ( 8 ) 

and Eq. (7) becomes 

ETv - I 5

2 ( l - 2 I K „ r + „s) + ^ 5

2 L 2 ( 1 --IfKl - 2 ih 
2 

* 6 £j. (1 - | f ) / L / 2 [i - n)Mcdn - /? (? - n ) M c d „ ' ' 5 ) 

where Green's theorem has been used to reduce the double integral in Eq. (7) 
to a single integral, i.e., 

;'5 /" M_d*dn - fK (C - n)Mpdn . (10) 
0 0 C 0 C 
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13.2.2. STRESSE& 

To determine the axial stress we return to Eq. (2). Substituting Eq. (1) 
for e and integrating over chd cross section, c Q is found in terms of the 
axial force on a cross section F, and the inelastic strains: 

F + F_ + F + F 

s - —-mr— £ • <»> 
where A is the cross-sectional area and 

F - f <jdA , 

F T - E / aTdA , 

F - E f e 3dA , 

F c - E / eCdA . (12) 

Inserting Eq. (11) into Eq. (2) gives 

F + F_ + F_ + F_ ,2 
a I__S £ _ E ( a T + e s + ecj _ x E dv i ( 1 3 ) 

From Eq. ( 9 ) , d 2 v / d £ 2 i s found to be 

.2 
E I ^ - - i (1 - 6 5/DCMj, + Mg) 

d? 

+ L 2 /32 ( 1 - 8 C/L)(l - 2 C/L)q 

+ 12/L 2(1 - 2 5/L) f L / 2 (L/2 - n)M.dn - M_ , (14) 

and the s tress equation [Eq. (13)] becomes 

F + Fm + F„ + F ' + F_ + F„ „ „ (L + M„ 

g m I_s_J. E ( a T + e s + .o, . ( i _ - S . W i - f} 

- qL 2x/32I ( 1 - 2 5/L)( l - 8 6/10 

- - ^ (1 - 2 5 / D / L / 2 (L/2 - n)M„dn + M„x/I . (15) 
1L 2 0 C C 
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13.2.3. CONSTITUTIVE EQUATIONS 
To solve this rod bowing problem, a time-dependent or steady-state 

thermal field must be determined. To calculate the equivalent moments and 
forces of Eqs. (4) and (12) also requires equations for swelling and thermal 
and irradiation creep in terms of time (or dose) and temperature. 

In this study, the swelling of the HT-9 cladding was assumed to conform 
to the following general relation [2] 

$£ (X) - S(S - «j) exp[-( T ; 9 0 c 5 ° C ) - , (16) 

where S is the swelling rate (Z/dpa), { is the dose (dpa), 4- is the incuba
tion doBe (dpa), and T is the cladding temperature (°C). If 6 is less than 
6jt aV/V is taken to be zero. Using data for 2-1/4 Cr-1 Mo gathered by Gelles 
and Puigh [3], S and 6j were chosen to be 0.02%/dpa and 90 dpa, respectively. 
A 30-dpa incubation dose will also be studied. 

Again using data from Gelles and Puigh, irradiation creep was modeled 
according to 

i|t (dpa"1) - Cto 1 , 5 , (17) 

where C waB found to be 8.511 x 10" 8 dpa"1 MPa - 1" 5. 
The thermal creep correlation for HT-9 takes a different form [4 

c 2289 ,, , ,3 , 1.427 x lp\ ,,„,, 
e,.h --=~ (\a\ - a) exp( •) . (18) 

c —l 
Here e . (yr ) is the thermal creep rate and a0 (MPa) represents a tempera
ture dependent back stress given by 

a 0 - 1366.4 - 1.507 T , (19) 

where T is the temperature (K). This formula predicts no thermal creep for 
teaperatures below 500°C and stresses below 200 MPa, so irradiation creep 
dominates thermal creep in this analysis. 
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1 3 . 3 . RESULTS 

13.3.1. BREEDER ROD BOWING 

Excessive deflections in a bank of solid breeder rods can severely impair 
reactor performance. Relative displacements of neighboring rods can choke off 
coolant flow paths, leading to hoc spots and premature failure. In extreme 
cases, the rod cladding may buckle, causing changes in thermal gap conductan
ces, and possibly tube rupture. Therefore, the peak rod deflections due to 
thermal, gravitational, and swelling effects must be kept small. 

For the rod dimensions and reactor parameters analyzed here, the deflec
tions due to swelling were by far the most severe. The bowing caused by the 
pellet weight was inconsequential because of the low density of the breeder 
and the thermal deflections were also relatively small, even for a 2-m-long 
rod with only one internal support. The final support spacing will depend on 
the peak bowing caused by swelling, as well as by the allowable cladding 
stresses. 

13.3.2. INITIAL DEFLECTIONS 

The rod bowing due to the pellet weight and thermal field is primarily 
driven by an azimuthal temperature variation over the cladding's cross 
section. In the first few breeder pins, the temperature gradient is due 
mostly to a gradient in the volumetric heating, so the front (plasma side) is 
hotter than the rear. On the other hand, pins near the back of the blanket 
are hotter at the rear of the tube because the heat transfer coefficient is 
highest there. This basic difference in the thermal fields causes the Front 
pins to bow towards the plasma, while the rear pins deflect in the opposite 
direction. 

The initial deflections of a 2-m-long rod with one internal support are 
shown in Fig. 2. The ends are assumed to be simply supported, while there is 
no axial restraint. The peak deflection is under 0.5 mm, which is negligible. 
Unfortunately, the swelling deformation is somewhat larger, so additional 
internal supports must be added to reduce the peak displacements to an 
acceptable level. 
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Fig. 2. Initial (thermal) deflections of a 2-m-long breeder rod 

The model developed previously features only one internal support, so 
care must be taken if it is used to analyze multiple internal supports. To 
approximate the deflections of a rod with 50 cm between, supports, the existing 
model can be used by setting L equal to 100 cm. The deficiency in this 
approach is seen in Fig. 2, which shows that the slope continuity cordition at 
the center of the rod clearly is not met. Fortunately, the model is conserva
tive because the calculated deflections will be greater than those in the 
actual blanket. The swelling behavior will determine the final choice for the 
number of internal supports. 

13.3.3. TIME-DEPENDENT BEHAVIOR 

Because the void swelling of HT-9 has a temperature variation that is 
Gaussian [Eq. (16)], the thermal gradient over the rod's cross section leads 
to an even harsher swelling gradient. Hence, one might expect swelling 
deformations to be quite severe. As shown in Fig. 3, the peak deflection 
after eight full power years overwhelmed the initial deflections, which are 
essentially zero on this scale. These deflections should be small enough to 
allow a four year life. 
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Fig. 3. Rod deflections over eight full-power years 

The effect of the support spacing is shown in Fig. 4 which shows the peak 
deflections of rods with 100 and 50 cm between supports. In the case of the 
smaller spacing, the peak deflection is only about 1 cm after 6 years. Con
sidering that the model over-estimates the rod deflections, this should he an 
adequate choice for the design. 

13.3.4. RELATIVE BOWING IN DIFFERENT BREEDING ZONES 

The deflections in the first breeder zone differ from those in the second 
zone for three reasons: 

1. The second zone contains stiffer rods because of the larger diameter, 

2. The thermal gradients are different, as discussed in Section 13.3.2, 

3. The damage rate decreases with distance from the plasma. 

All of these factors lead to lower deflections in the back zone. 

In Fig. 5, the peak defleccions are shown for the first row of each zone. 
Because of the 90 dpa incubation dose, there is no significant deformation for 
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a> 
I—* 

T3 

one internal support 

4. 6 
time (full power years) 

Fig. 4. Bowing of rods with different support spaclngs 

1-

o ... 

•a 

first raw second zone 

first row first zone 

incubation dose = 90 dpa 

0 1 2 , 3 4 
time [full power years) 

Fig. 5. Comparison of the peak deflections In two different breeder zones 
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che first three years. The first rod then begins to deflect towards the plas
ma at a peak rate of about 0.5 cm/yr, whereas the second rod shows no bowing 
through five years. The deflections here are quite snail, leading to minimal 
tube contact during five full power years. 

This rosy picture Is altered by uncertainties In the swelling correlation 
for HT-9. If the Incubation dose is smaller, the rods will begin to bow sig
nificantly at a lower dose and the peak deflections will be larger at a given 
time. In Fig. 6 we see the peak deflections for a 30 dpa incubation dose. 
The first zone begins bowing after about a year and the second zone begins 
after about two years. Because the two rods are bowing in opposite 
directions, the most important rod interaction will Involve the multiplier 
rods and the first breeder zone. 

13.3.5. Be MULTIPLIER RODS 

In terms of bowing, the multiplier rods have two distinct advantages over 
the breeder rods. First, the multiplier rod is solid, so its moment of Iner
tia is much larger than the breeder rods. Second, the thermal conductivity of 
Be Is much higher than the effective conductivity of the breeder pellet and 
its cladding, so the temperature gradient over the cross section is much 
smaller. The resulting deflections are very small. 

For a 2-m-long Be rod with one internal support and a linear temperature 
dependence, Eq. (9) predicts a peak deflection of 

where AT (°C) is the front-to-back temperature difference over the cross 
section. Thermal calculations similar to those for the breeder rods predict a 
difference of only 2°C, leading Co a deflection of less than 1 mm. 

Because the temperature is nearly constant in the Be rods, the swelling 
gradient will depend only on the damage gradient. The damage gradient is 
expected to be small in the Individual multiplier rods because of their rela
tively small diameter, so the Be rod deflections should remain low. More 
detailed neutronlcs calculations are required before this assumption is 
validated. 
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incubation dose * 30 

first row first zone 

2 , 3 4 , 
time ( fu l l power years) 

Fig. 6. Peak deflections In two breeder zones with reduced incubation dose 

13.4. CONCLUSIONS 

The most Important outcome of this bowing analysis is the determination 
of the number of internal breeder rod supports required for good thermal per
formance. Although many effects were considered, the swelling deformations 
were the most restrictive in terms of the peak deflections. It appears that 
three internal supports should be sufficient to keep the rod bowing below 
acceptable levels without significantly raising the structure-to-breeder 
ratio. 

The most severe interaction problem involved the last multiplier row and 
the first breeder row. Because the Be rods deflect very little, this problem 
can be alleviated by leaving enough space between these two zones. The 
spacing can be tighter elsewhere. A more detailed analysis of the multiplier 
rod bowing caused by the damage gradient must be analyzed before this can be 
verified. 
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14,1. INTRODUCTION 

A key to the successful design of a fusion blanket Is the distribution 
of the amount of structural material in the first wall and the blanket 
enclosing structure. The first wall must support dynamic and static 
mechanical loads and at the sane time sustain the thermal gradients and 
erosion resulting from the plasma heat and particle fluxes. Dynamic and 
static loads require high flaxural rigidity, which is influenced by flow 
channels designed to cool the high heat flux incident on the first wall. 
Since the first wall temperature is roughly proportional to its thickness, 
thermal stresses require a thin first wall. On the other hand, a thick wall 
is necessary to withstand surface erosion due to particle fluxes. A feasible 
design must therefore represent an optimal solution satisfying such 
conflicting requirements. 

The structural design of the breeder blanket must not only satisfy the 
steady state operating conditions, but must also meet cyclic conditions due 
to start-ups, shut-downs and non-steady operation. Fatigue of the first 
wall, crack propagation under cyclic load and residual stress build-up are 
some of the most important Issues related to repetitive loading conditions. 
Another problem arising from the time history of the loads is thermal shock 
due to power ramps. One also has to consider emergency situations such as 
loss of pressure. 

Throughout its life, the blanket will be subjected to a radiation 
environment causing radiation induced creep, swelling, and embrittlenient. 
Although creep has a tendency to relieve high stresses due to thermal 
gradients, it can cause large displacements. Under axially restrained 
conditions creep buckling and high stresses due to swelling may be 
importar.t. Loss of the structural material due to erosion must also be 
considered so that the module can sustain the loads under end of life 
conditions. A satisfactory structural design requires that all of these 
operating conditions be met without loss of structural integrity of the 
system. 
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To address some of the issues described above and gain some insight into 
scaling, a displacement type finite element model, based on classical beam 
theory, has been developud. 

14.2. MODELING 

The first wall structure is modeled here as an assembly of curved 1-
beams. Then the resulting thermoelasticity problem is solved using a 
di1 placement type finite element formulation. The curved beam is discretized 
in 2-D i-.ame elements. The following assumptions have been adopted: 

1. A homogeneous, isotropic, linearly elastic material, 

2. Linear thermal expansion, 

3. Cross "actional dimensions are small compared to the radius of 
curvature. 

14.2.1. STIFFNESS MATRIX AND CONSISTENT LOAD VECTORS FOR A 2-D FRAME ELEMENT 

When deriving a displacement type finitn element formulation, one has to 
choose a displacement field which satisfies the following conditions: 

- It can describe the rigid body motions of a. particular element, 

- It has sufficient freedom to allow kinematic continuity between 
the elements, 

It can produce a displacement pattern corresponding to the constant 
strain state of the elements. This requirement is necessary for the 
element in order to be able to converge to the true strain state upon 
refining the partition of a body in a general strain state. 

Consider a. two-dimensional frame element given in Fig. 1. Its behavior 
for small displacements is a superposition of that of a bar and a beam. Let 
u(x) and v(x) denote the axicl and transverse displacements in the local 
coordinate system. Later quantities will be expressed in a globrl coordinate 
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F y 2 M2 

Fig. 1. Forces and displacements on a 2-D frame element 

system. The global quantities will be denoted by a prime. The nodal 
displacement quantities associated with a frame element are the axial and 
transverse components of the motion, u, v and the rotation at the nodal 
points, 0. The corresponding force and moment quantities are F x, F y and 
M. Subscripts 1 and 2 refer to the arbitrarily chosen "beginning" and the 
"enc" of the element. Transverse and axial distributed line loads are denoted 
by p and q, respectively. Consider a linear interpolation for u(x) and a 
cubic interpolation for v(x>. The rigid body motion of a bar is a 
translation which is clearly included in a linear displacement field. Since 
the nodal degrees of freedom are uj_ and U2 in the axial direction, 
inter-element continuity is guaranteed. For a bar, the extensional strain is 
equal to the first derivative of the axial displacement field; consequently, 
a linear interpolation function permits a constant strain state. The rigid 
body motions of a beam are uniform transverse translation and a rotation 
which are included in a cubic field. There are four generalized nodal 
degrees of freedom, because classical beam theory requires that the 
displacement and the slope to be continuous between elements. This makes it 
necessary to choose at least a cubic interpolation function. The constant 
strain mode for thin beams is a constant curvature, which requires a 
displacement at least quadratic in the axial coordinate. Thus, 
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u(x) - m i i a - [ W ] u x 

u 2 

v(x> - H T

t i j a - [ l - 3£ 2 +2£ 3 d ( f - 2 f 2 + £ 3 3 £ 2 - 2 £ 3 d ( - ? 2 + £ 3 ) ] 

(1) 

. <2> vl 

v 2 

02 

where £ denotes x/d and d is the length of the elc.mant. The axial strain is 
expressed in terms of the displacement field as follows (Euler-Bernoulli beam 
theory): 

Al *dv 
c* "" dx " y dx 2 ' 

The axial stress is given by linear stress-strain relations: 
ffx - E(e x_aT) , 

and the strain energy is: 

U - i («- - aT) <7X - £„(« x - aT) 2 

2 v'x 

The total potential energy of the element is defined as: 

V - V + V E , 
where the potential energy of the external forces is given by: 

(3) 

(4) 

(5) 

(6) 

V E " - F

x l u l - F x 2 u 2 - J P < x > u M d x - F y l v r F y 2 v 2 
0 

d 
-M1/91-H2/32-JqCx)v(x)dx . (7) 

Applying the theorem of minimum potential energy, 5V-0 leads to the complete 
stiffness relation: 

14-4 



Xl - K ul 
*1 vl 
Ml J8l 
*1 u2 
*2 v2 
M2 /*2 

£ - ET 

K - E/d 

pd/2 
qd/2 
qd2/12 
-pd/2 
qd/2 
-pd2/12 

£ T-

0 

F T - J «T(y.z) dA 

(8) 

0 0 -A 0 0 
12/d2 6I/d 0 -12/d2 6I/d 

41 0 -6I/d 21 
symmetric A 0 

12I/d2 
0 

-6I/d 
41 

<9) 

M T - j yaT(y.z) dA 
A 

(10) 

where A denotes the area of the cross section and I is the moment of 
inertia. The transverse and axial loads are taken constant over the length 
of an element to obtain the consistent load vector in (10). The temperature 
field T(x,y,z) has been replaced by 

T(y,z) i I T(*,y. z) dx (11) 

which does not affect convergence if one takes fine enough partitions to 
capture the change of the thermal field in the x direction. It can be 
observed that thermal effects appear as a consistent load vector. It can 
also be shown that the stiffness Eiatrix, K exhibits all the necessary rigid 
tody motions and constant strain modes as it can be anticipated from the 
orders of interpolations used to describe the displacement field. 
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For p r a c t i c a l a p p l i c a t i o n s , i t i s convenient to express the nodal 
displacements and forces in terms of global coord ina tes . The transformation 
i s given by the following r e l a t i o n s : 

u ' 
v ' 

cos 8 s i n © 0 
s in e cos 8 0 
0 0 1 

• 

-

u ' 2 
v ' 2 
0 '2 

I l 

- I I 

• l a 

<12) 

(13) 

14 .2 .2 . 

u l 
v l 
01 
u 2 

v 2 

Jz 
£' - T £ 

£'T ~ I £T 

5' - 5 T 5 I ( 1 4 ) 

APPLICATION OF 2-D FRAME ELEMENTS TO ANALYZING THIN PLANAR 
STRUCTURES; BOUNDARY CONDITIONS. 

In order to apply the previous method to the analysis of the first wall, 
we first define a discretization method of its structure. Then, it is 
assumed that the elements are interconnected at nodal points, and therefore, 
system stiffness relation is established. This wakes a form similar to that 
of an element stiffness relation, 

K B - £ (15) 

where K i s a banded matr ix . The bandwidth i s determined by the numbering of 
the nodes. 

N e x t , we modi fy t h e s t i f f n e s s r e l a t i o n by i n c l u d i n g boundary 
cond i t ions . For example, b u i l t - i n condit ions are achieved by s o t t i n g both 
displacements and slope to zero a t the boundary, i . e . , 

u - O . v - 0 , y 9 - 0 (16) 

while symmetry with respect to a horizontal axis is modeled by setting the 
axial displacement and the slope zero, 

v - 0, ,8-0 (17) 
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Finally, a simple support condition is such that only rotation is 
allowed: 

u - 0, v - 0 . (18) 

To delete the i c" degree of freedom, we simply zero out the i ^ row and 
i t n column of the system and replace K^j by one. This guarantees that upon 
solving the equation, the i C n displacement component will be zero. Using 
element stiffness relations, we then solve for nodal forces and hence nodal 
stresses. 

The modeling process described above is applied as follows: Taking 
advantage of symmetry one half of the first wall in one blanket module is 
considered. This is realistic, since the blanket structure and the loads are 
symmetric . The corresponding boundary conditions are (16) at the location 
where the neighboring modules meet and (17) at the middle of the segment. To 
discretlze the structure, we divided it into five segments. Calculations to 
check accuracy using ten segments are also performed. It is found that 
approximately five segments give an accurate representation of the stress 
distribution. Integrals appearing in the expressions for thermal forces and 
moments are calculated by Simpson's rule using 12 partitions of the cross 
sections. 

14.3. RESULTS OF CALCULATIONS 

Fig, 2 shows the pure pressure stresses at beginning of life. It can be 
observed that the stresses are positive due to the internal pressure and the 
support gives rise to local bending. As a result, the stresses at the plasma 
side tend to be less positive, while the inner side stresses are increased. 
The design limit for the primary stresses at the operating temperature is 
approximately 170 HPa. To allow for a sacrificial layer for erosion, the 
plasma side of the first wall is thickened. 

Results for thermal and pressure stresses for this design, based upon a 
temperature profile without a central fin as discussed in reference [1], are 
given on Figs. 3-6. Based on the assumption that the support behind the 
manifold allows thermal expansion of the whole unit, the base temperature for 
the thermal strain is taken as the inlet cool&nt temperature. The plasma 
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Fig. 2. Pressure stresaea in the first wall, beginning of life 
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Fig. 3, Pressure and thermal stresses in the first wall 
beginning of life (one fin, no roughness) 
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Fig. 4. Pressure and thermal stresses in the first wall 
beginning of life (one fin with roughness) 
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Fig. 5. Pressure and thermal s tresses In the f i r s t wall 
beginning of l i f e (two f ine , no roughness) 
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Fig. 6. Pressure and thermal stresses in the first wall 
beginning of life (two fins with roughness) 
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side of the first wall experiences compression due to the higher 
temperatures. The relatively high level of the stresses results from the 
interaction between the high bulk temperature and the supports, as well as 
the gradients across the first wall. It is found that bulk temperature is 
the more important factor here, since azimuthal variation of the stresses was 
not large, 

In order to reduce the bulk temperature, fins in the coolant channels 
and surface roughening have been employed to improve heat transfer between 
the coolant and the structure. Figs. 3 and 4 show total stresses with one 
fin in the coolant channel and with and without surface roughening. 
Improvements due to surface roughening are relatively because only a small 
fraction of the total surface is assumed to be roughened. On Figs, 5 and 
6, the effect of surface roughening can be observed when there are two fins 
present in the coolant channel. The stresses are lower than the values for 
the single fin configuration, primarily because of the lower bulk 
temperature. The values are relatively high, but referring to the design 
guidelines for secondary stresses published in reference [3] they are 
allowable. At operating temperature the allowable primary stress for C-9 is 
about 170 MPa. The design limit for secondary stresses which include thermal 
stresses is three times the value for the primary stresses. 

Fig. 7 illustrates what the pressure stresses might look like at the 
end of life assuming three full-power years of operation and 1 mm/year 
erosion rate. The point here is that the pressure stresses are below the 
allowable limit. Stresses shown here are to be taken only as estimates, 
since many processes neglected here may significantly alter the elastic state 
of the structure. 
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Fig. 7. Pressure stresses in the first wall, end of life 
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14.4. ANALYSIS OF THE SIDE WALL 

In order to attain inherent structural safety, the design of the blanket 
must be failure tolerant. Loss of pressure or rupture of a module must not 
start a catastrophic chain of failures propagating through the whole 
blanket. As the worst case one can consider a single module loaded by the 
internal pressure of the coolant, while the neighboring module suffered total 
loss of pressure. In order to be safe, a module has to be able to support the 
pressure without the equalizing pressure on the side walls resulting from the 
presence of the adjacent pressurized module. In principle, a tapered side 
wall could result in an optimal load carrying structure and minimal impact on 
the blanket performance, since the added structural material would appear at 
the back of the blanket. However, the loads and the geometry of our design 
would require excessively thick side wall at the inlet 
manifold. Alternatively, periodic supports as shown on Fig. 8 along the axis 
of the module can add the necessary stiffness to the side wall. The necessary 
spacing can be estimated as follows: 

Consider the rectangular segment of the side wall bounded by the 
manifold, the supports and the cylindrical part of the first wall. Relaxing 
the connectivity conditions at the top of the segment, the boundary 
conditions are those shown in Fig. 8(b). Further relaxing the symmetry 
conditions at the vertical edges of the segment, simple supported conditions 
can be used. This modeling process is rather conservative, but will yield a 
safe geometry. As it turns out, it is necessary to assume a mechanical 
coupling between the side walls of the adjacent modules in order to achieve a 
flexural rigidity that permits reasonable spacing between the supports. The 
flexural rigidity of a double-chanelled cross section as shown on Fig. 9. is 
given by 

" " l ^ 7 f y 2 dy - j^2 (<hx + h 2 + h 3 ) 3 - (h2 + h3)3 + h,3) , (19) 
A 

After neglecting the walls of the channels. The maximum stress occurs in the 
Middle of the free edge and at the outer fiber it is given by [2] 
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where p is the coolant pressure, a is the distance between supports, b/a is 
the aspect ratio of the rectangular plate and 0 is a numerical factor 
tabulated for different aspect ration on page 210 of reference (2], For the 
current design hj-0.025m hj-O.Olm and 1*3-0.005m and b-0.6a resulting D-7.64 
MPa n 2. An aspect ratio b/a-1/3 yields 251 HPa maximum stress. Noting that it 
occurs at the middle of the free end in the model, which it a connection line 
to the cylindrical surface in the real structure this value is acceptable. 
Safer still, if b/a-1/2 then the maximum stress is 110 MPa, therefore 
supports at every 1.2 m will provide enough rigidity. 

14.5. DISCUSSION OF LIMITATIONS AND UNCERTAINTIES 

While this model is based upon a finite element model to the first vail 
geometry, it has not accounted for several important aspects. Future efforts 
may be necessary to resolve the importance of these aspects, which are 
discussed below: 

1. Further elastlc-plascic analysis is necessary to better understand 
the scaling cf geometry, since the stresses exceed the elastic 
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limit. Furthermore, residual stress build-up due to cyclic load 
should also be calculated. 

2. The built-in end condition at the joints with the side walls is 
valid, since there is no rotation and translation in the radial 
direction due to symmetry. Translation In the tangential direction 
is negligible compared to displacements in other locations, because 
temperatures are the lowest at the joint. Application of symmetry 
conditions in a continuous curved beam at the top of the arch may 
not be realistic, depending upon the real geometry at this point. 
If a channel is present there, a hinge type boundary condition may 
be a better approximation, if a significant portion of the cross 
section is removed. In this case, a detailed analysis is necessary 
to quantify stress concentrations around coolant channels. 

3. Swelling is a significant phenomenon for an axially restrained 
structure, such as a curved member. The equivalent thermal field 
arising from swelling is superposed on the real temperatures and can 
cause high stresses. 

4. Since the structure is made of a ferritic alloy (9-C), significant 
body forces may be present due to the magnetic field, and proper 
analysis should address this question. If the distribution of the 
magnetic body force field is known then the tangential and normal 
components can be calculated and input as distributed transverse and 
axial loads in equation (10). 

5. Since the temperatures throughout the first wall structure are high, 
both thermal and irradiation creep are expected to play significant 
role during the lifetime of the blanket. A treatment of the creep 
contribution is discussed in reference [4] and is directly 
applicable to this problem. 

6. Swelling strains could be easily incorporated similarly to the 
consistent loads due to thermal strains given in equation (10). 

7. Time-dependent erosion can be included when a total time analysis is 
performed by changing the cross section geometry as the solution 
continues. 
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15.1. INTRODUCTION 

The use of solid breeders in blanket components of fusion reactors Is 
necessitated by the need for tritium breeding, with avoidance of problems 
arising front liquid metal breeders; such as corrosion and MHD pressure drop. 
However, solid breeders have a relatively low fracture strength and poor 
mechanical properties. Their ability to withstand mechanical loads and 
thermal gradients is greatly reduced, leading to intolerable design limits. 
Another problem with solid breeder materials is the high retention of tritium 
and helium if the breeder is fully dense. To allow for tritium diffusion, 
and as a practical solution to their mechanical problems, solid breeders can 
be produced as porous square cylinders of dimensions on the order of 1-3 cm. 
Such cylinders, called pellets, are encapsuied in a structural cladding 
material which provide for a barrier to their interaction with the coolant. 
Moreover, the cladding material carries existing structural and thermal 
loads. 

Figure (1) shows the blanket configuration, where the material 9-C (low 
activation equivalent of HT-9) is used for the outside structure of the 
module, as well as for solid breeder pin cladding. The first wall is cooled 
with high velocity helium through coolant channels, while the pins are cooled 
by helium in a cross-flew configuration. The first zone is made up entirely 
of Beryllium pins for neutron breeding, and then two solid breeder zones 
follow. The configuration and dimensions of pins in these zones are shown in 
figure (2). 

In order to minimize maintenance time, a satisfactory configuration 
has to withstand transient phenomena associated with power-ramps and 
shutdowns while giving optimal thermomechanical performance in reasonable 
lifetime. These objectives can be reached by selecting suitable geometry and 
material specifications as veil as prescribed temperature histories. Finding 
the minimal allowable ramp rate for startup is important from the economy of 
the operation, since overly conservative startup can amount to substantial 
percentage of the power cycle. In the stage of preliminary design the main 
concern is failure of the cladding due to high stresses or large total 
strains. The following analysis provides a simplified tool for design based 
on macroscopic mechanical interaction between the breeder and the 
cladding. The next most important effect to include in the analysis is 
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phenomena associated with failure of materials at the micro-scale such as 
stress corrosion, creep fracture and fatigue. Some of these aspects of 
pellet-cladding interaction are covered in reference (4], 

15.2. THEORETICAL FORMULATION 

15.2.1. ASSUMPTIONS AND MODEL RESTRICTIONS 

Since Che thermal field (reference [1]) exhibits only a slight azimuthal 
asymmetry, the problem is formulated based on an axisymmetric analytical 
solution for the radial temperature distribution. Interaction between the 
changing geometry and the thermal field has been neglected during the course 
of the analysis. Tha size of the developed gap is In the order of hundredth 
of a millimeter which justifies this simplification. 

The large length-radius ratio implies plane strain conditions for most 
of the pin. This is the result of the different cross-sections constraining 
each other from axial movement. Plane strain formulation gives a conservative 
estimate on the radial deformations and the stress field near free surfaces, 
therefore it can be accepted for design purposes. 

Small deformation thecry is used throughout the entire analysis. The 
thickness of the cladding is assumed to be small compared to its diameter, 
which leads to thin shell formulation in the cladding. 

Material models for the pellet include linear elastic behavior, linear 
thermal expansion and temperature dependent swelling. The cladding material 
was assumed to exhibit linear elastic behavior, linear thermal expansion, 
temperature dependent creep. All linear material properties are taken as 
constants, although temperature dependence, especially in the pellet may have 
an influence on the results. 

Quasi-static solution method is employed, for the frequency of the 
changes in the thermal field are small compared to the structure's eigen-
frequencies. The presence of material and geometrical imperfections is also 
neglected. 

The time dependent temperature field is also represented in a quasi-
static manner as follows: 

T(r.t) - V e h e a t + (R(r) - T p r e h e a t ) T<t) 
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where R(r) is the steady state temperature profile. Swelling is assumed to 
act only at full power, that is, when the temperature profile is fully 
developed. 

For this analysis densification of the pellet material was neglected due 
to sparsity of available data and in order to simplify the analysis. This 
material nonlinearity might also be an important component in the inter
action. Its effect would lower the contact stresses, therefore the current 
analysis is conservative as far as analysis of the cladding is concerned. 

15.2.1,1. General Solution for the Pellet 

Using the notation shown on Fig. 3., the field equations corresponding 
to the above specified assumptions are as follows: 
Strain-displacement relations: 

<r"? (1) 
• f ^ (2) 

dr 

Strain - stress relations: 

f r - £ <.a+»)or • ""kk> + a T + f S W / 3 (3) 

e c - | ((l+v)at - v a ^ + cT + e s w/3 (4) 

°kk - CTrr + fftt <5> 
where r and t subscripts denote radial and tangential quantities 
respectively, < s w is the swelling strain, and Che temperature measured from 
some base value, T 0. The 1/3 factor gives dilatational strains from the 
volumetric strain when infinitesimal strains are assumed. 

Equilibrium equations for an axisymmetric stress state reduce to one 
single equation: 

ST + — — - ° < 6 ) 
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Substituting the strain-displacement relations (1) and (2) into the con
stitutive equations (3) and (4) , then the stresses iti the equilibrium 
equation we arrive at the displacement form of the equilibrium. 

dr 
i d(ru> 
r r 

1±J:SL 
1-v dr (Ta + «

s w/3) 

The solution of this equation for an axisynasBtric solid cylinder is: 
r 

u r - ^ J (aT(r',t)H +esw(r',t>/3)r'dr' + Cr -

(7) 

6(t) + Cr 
r 
J (aT(r',t>+esw(r',t)/3)r'dr' + C -

V 

(8) 

*(t) + CA. (9) 

a t - *(t) - E(aT(r,t) + « s w/3) + CA (10) 
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Equation 2.8 represents the radial displacement of the pellet at any 
given position r while equations 2.9 - 2.10 give the two dimensional stress 
field within the cross-section of the pellet. 

Introduction of auxiliary functions * and 9 will make the rest of tho 
equations more compact. 

15.2.1.2. General Solution for the Cladding 

Strain-displacement relation: 

2 ^ 

Stress-Strain relation: 
2tfe - 2E< 2« - 2 « 2T(t) - °t - « r ) (12) 

where the notation is as follows", 
e c: total strain 
cc: accumulated creep strain 
e r: residual strain present:, zero at initial state 

and superscript 2 denotes quantities associated with the cladding in general. 

15.2.1.3. Boundary Conditions 

Continuity of displacements; 

UrCb.t) - d - 2 u( t) (13) 

Continuity of tractions: 

-(p 0 + ar(b,t)) kj* - 2 a c (U) 

where PQ denotes che coolant pressure which produces compressive stress in 
the cladding. Since the radial stress in the pellet is negative after contact 
14 gives the right signs. Equations (13) antZ (14) lead to the following 
integral equation for the unknown function C(t): 

C(t) - F(t) + « c ( - ^ (4(t)+AC(t)),T(t),t) (16) 

0 h A + E b+d 
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F<t) * ? <•<*>•*>> ti+PQ) - 2E S £ ^ + 2E(2oT(t) + t* + ««73) 

(17) 
and e (<?(t),T(t) ,t), denotes tin4 functional that gives the total creep strain 
due Co a load history ff(t) and temperature history T(t). Assuming 
time-hardening which is Identical to strain-hardening for continuous loads 
the creep strain functional has the following form: 

t 
5e(K,e,t') 5e(ic,8,t') 56 

^ St' - I Sf &Q 
dt' (18) 

K~0(t') 
e-T(t') 

where e(<r,T,t) Is the uniaxial creep response of the material to constant 
load a and temperature T. Equation (2.16) Is in the form of the familiar 
nonlinear Volterra equation of the second kind whose solution procedures are 
well established. 

15.2.2. METHOD OF NUMERICAL SOLUTION 
To simplify the treatment here let us introduce a compact notation for 

the Integral equation (17) here as follows: 

C(t) - F(t) + [ K(t,a,C(a)) da 
0 

(19) 

Now we discretise the time domain and evaluate (19) at points t-nh, 
n-0,1 N. 

nh 
G(nh) - F(nh) + | K(nh,a,C(a>) da (20) 

Equation (20) is approximated by using the trapezoidal rule: 

C(nh) - F(nh) + | (K(nh,0,C(0)) + K(nh,nh,G(nh)) 
n-1 

+ h \ K(nh,mh,C(mh)) 
m-1 

(21) 
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In the last equation C(nh), the unknown quantity appears on the right 
hand side. Replacing it by C((n-l)h) gives an estimate for C(nh). Subsequent 
refined values can be obtained by substituting the current estimate in the 
right hand side of (21) in place of C(nh). This process is repeated until 
C(nh) attains a predefined relative accuracy. It can be shown that the method 
given here is equivalent to the implicit modified trapezoidal rule discussed 
in some detail In reference [3], The order of the method is two, which means 
that the global error behaves like 0(h^>. This scheme works well on stiff 
systems although several further refinements could be introduced. The present 
system shows stiffness in the solution, since after the transients due to 
power variations die out the solution exhibits a slowly varying quasi-steady 
state behavior. Tracking this part of the curve accurately is important, 
because it also contributes to the total accumulated strains present at the 
beginning of the subsequent cycle. This, in turn, defines the behavior during 
the next transient. 

15.2.3. EFFECT OF THE POWER CYCLES 

To simulate real operational conditions, a typical time history shown in 
Fig. 4 is used. One cycle consists of a power ramp, operation at full power, 
shutdown and dwell time at preheat temperature. If creep deformation occurs 
during the cycle then there will be a residual plastic strain in the clad 
after it separated from the pellet, This effect is equivalent to a permanent 
increase in the diameter of the clad and causes it to reach contact in the 
subsequent startup at a later time within the cycle. Since the formulation 
given above is valid only during contact, the residual strains accumulated 
during contact and, the total time spent under swelling conditions has to be 
followed carefully in the course of the numerical solution. 

15.3. MATERIAL CHOICES AND PROPERTIES 

Two sets of materials are consider^ in this analysis. We will first 
analyze the combination of a LijO solid breeder clad with 2.25CrMo 
steel. Then we present the same analysis for L1A102 and the 9-C martensitlc 
steel. The corresponding material properties are listed below [2]. 
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T(t) 

"1 
L_I 

time 
Fig. 4. Time history T(t) for assumed cyclic loading 

Pellet : Li^O 
Young's modulus : 60 GPa 
Poisson's ratio : 0.2S 
Coefficient of thermal expansion : 26.6xl0'6 C" 1 

Swelling equation 

esw _ 0.3102 H f l & 
T N V 3 

3/2 

where ths volumetric strain is given in (m/m), temperature is in absolute 
scale and time is measured In seconds. 

N - 125479.3 exp(-0.001000826 T)xl0' 1 4 cm" 3 

7 - 6.24xl0 1 4 eV cm" 3 

G - 5.299X10 1 3 c m ^ s " 1 

f - 0.035 
k - 8 .615xl0" 5 e V K - 1 

Cladding : 2.25Cr - lHo 
Young's modulus : 200 GPa 
Foisson's ratio : 0.25 
Coefficient of thermal expansion: 13x10~6 C" 1 

Creep equation: 

* C " kT ( " ' " 0 ) 3 exp(-0yk/r)H(cr-a0) 

(22) 

(23) 
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where the creep strain is given in <a/m) and the temperature dependent 
"back-stress" is defined as: 

<fQ - aT + c 
B - 13209.0 
k - 0.0000862 
Q - 2.767 
a - -0.2185 
c - 198.1783 

Temperature is on the absolute scale and the stress is measured in Mpa. 

Pellet : I.IAIO* 
Young's modulus : 71 GPa 
Poisson's ratio : 0.25 
Coefficient of thermal expansion : 11.96xl0"e C" 1 

The swelling equation is the same as (2.22) with the following parameters: 
N - (0.0000292T2 - 0.0292T + 7.7DX10" 1 4 cm" 3 (24) 

and 
7 - 6.24xl0 1 4 cm" 3 

G - 5.299xl013 c m - 3 s - 1 

f - 0.035 
k - 6.615X10" 5 e V K " 1 

Cladding : 9-C 
Young's modulus : 180.0 GPa 
Poisson's ratio : 0.265 
Coefficient of thermal expansion : 12x10"6 C" 1 

15.4. RESULTS 

Although superposition of the phenomena driving the pellet-cladd ^ 
interaction is not possible due to their nonlinear!ty, their affects can be 
studied qualitatively on separate analyses. In order to gaiii quantitative 
data, integrated analysis has to be done. In the following, we present 
results of calculations illustrating the effects of various important 
variables on the pellet-cladding mechanical interaction problem. 
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15.4.1. EFFECT OF SOLID BREEDER/CLADDING COMPATIBILITY 

On Fig. 5. and 6. the stresses for different designs under the same 
thermal operating conditions are shown. Solid lines represent the 
thermoelastic stresses had plastic strains not developed, while broken lines 
correspond to the modelled interaction. Swelling of the pellet has been 
neglected for these runs. Since the coefficients of thermal expansion for the 
LiA10 2/9-C design are closer, the difference in the displacement of the 
pellet surface and the cladding is smaller. Consequently, the same elastic 
stress levels occur at significantly smaller gap sizes, which is advantageous 
both for thermohydraulics and operation purposes. In fact, for the 
L1A102/9-C design zero initial gap is safe as it will be shown in the 
integrated analysis. 

15.4.2. EFFECT OF INITIAL GAP THICKNESS 

Fig. 7 shows the stress histories in the cladding due to a ramp 
variation of the center-temperature for Li20/2,25Cr-lMo materials. At larger 
Initial gap thickness contact occurs later, consequently the resulting 
thermal stresses are much lower. A Here 0.3mm reduction in the gap size 
resulted in contact at the preheating temperature which is indicated by high 
tensile stresses initially. This effect seems to drive the whole interaction 
at a given sat of materials, which implies that tolerances will play a 
crucial role in operation when the breeder and cladding materials are 
incompatible thermomechanically. 

15.4.3. EFFECT OF PREHEATING 

The third most important effect in the interaction process. Fig. 8. 
shows the results for the same material choice, steady state temperature 
profile and geometry as those for Fig, 6. This time the system is not pre
heated to 550 °C. Since the coefficient of the thermal expansion for the 
Cladding is slightly higher than that for the pellet, initially there is no 
contact when the pin is preheated. Compressive stress due to the coolant 
pressure develop in the cladding. Its value is about one third of the 
critical buckling stress, which represents adequate margin of safety. The 
advantage of preheating from structural point of view is the interaction 
occurring at cladding temperature which permits creep. Therefore stress 
relaxation can act during startup relieving the peak stress 
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Fig. 5. Stresses In the cladding, second zone, first row, no swelling, 
gap - 0.0 m , preheating @ 550°C, L1A10-/9-C design 
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Time ( d a y s ) 

Fig, 6. Stresses iti the cladding, second zone, f i r s t row, no swell ing, 
gap - 0.15 mm, preheating @ 550°C, Li^/2.25 Cr-lMo design 
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Fig. 7. S t resses in the c ladding, oecond zone, f i r s t row, no swelling 
gap - 0.12 mm, preheat ing @ 550°C, L i 2 0 /2 .25 Cr-lMo design ' 
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Fig. 8. Stresses in the cladding, second zone, first row, no swelling, 
gap - 0.0 asm, no preheating, LiA10,/9-C design 
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significantly. Fig. 9.-10. show the stress relaxation for the characteristic 
locations of the blanket. Similar stress histories prevail, the first row of 
the second Li zone shoving the highest peak stress. Further cyclic 
calculations were performed for this particular location. 

15.4.4. EFFECT OF THE TEMPERATURE RAMP 

On figures 6-11, one can observe that the sensitivity of the results to 
the temperature ramp rate is not significant. When the slope of tha 
temperature ramp is low the cladding can creep more before steady state 
profile is attained and the resulting displacement helps to accommodate the 
thermal expansion of the pellet. 

15.4.5. EFFECT OF CYCLIC OPERATION 

Fig. 11 shows the effect of the residual strain for L1A102/9-C design. 
In the second cycle contact occurs later, therefore the stress level is lower 
as compared to the first cycle. For the particular geometry shown here it 
barely exceeds the value of the "back-stress* defining a threshold for 
creep, consequently creep strain is very low.The stresses tend to the 
"back-stress" asymptotically. 

15.4.6. EFFECT OF PELLET SWELLTW? - IFTEGRATED ANALYSIS 

Fig. 12 illustrates the interaction under cyclic operation when swelling 
of the pellet is included for the same geometry and material selection as 
the previous figure. Swelling gradually builds up and instead of the 
decreasing stresses we see a slight increase and eventually higher stress 
levels. Another quantity limiting the lifetime of the pin is the accumulated 
plastic strain, Fig. 13. depicts the plastic strain and the elastic strain 
over four cycles for the L1A102/9-C design. Solid lines indicate the plastic 
strain, while broken lins represents the elastic strain history. The elastic 
strains are decreasing which reflects the stress relaxation process, while 
the plastic strains are increasing. The plastic strains stay below 0.5%, and 
the plastic strain accumulated after the first startup is less than 
0.05%. Extrapolating this value for the expected life of three years, the 
design is safe based on the 1% accumulated plastic strain criterion. On 
Fig, 14. and 15. the same stress and strain components can be seen fox the 
Li20/2.25Cr-lMo design-over one period. In this case swelling of the pellet 
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Time (days) 

Fig- 9. Stresses in the cladding, first zone, first row, no swelling, 
gap - 0.0 mm, preheating @ 550°C, L1A10./9-C design 
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Fig. 10. Stresses In the cladding, second zone, last row, no swelling, 
gap - 0.0 mm, preheating @ 550°C, UA10 /9-C design 
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Fig. 11. Stresses in the cladding, second zond, first row, no swelling, 
gap - 0.0 urn, preheating @ 550°C, LiAlO_/9-C design, cyclic 
operation 
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Fig. 12. Stresses in the cladding, second zone, first row, with swelling, 
gap * 0.0 mm, preheating at 550°C, LiA10„/9-C design, cyclic 
operation 
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Fig. 13. Strains in the cladding, second zone, first row, with swelling, 
gap - 0.0 mm, preheating at 550°C, LiA10„/9-C design, cyclic ^ 
operation 
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Fig. 14. Stresses in the cladding, second zone, f i r s t row, with swel l ing, 
gap - 0.15 mm, preheating at 550°C, L i , ) / 2 .25 Cr-lMo design, 
one cycle 
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Fig. 15. Strains in the cladding, second zone, first row, with swelling, 
gap » 0.15 mm, preheating at 550*C, Li20/2.25 Cr-lMo design, 
one cycle 
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is stronger, but the creep rate is also higher, therefore stresses remain 
low. On the other hand, accumulated plastic strain exceeds the 1% value by 
the end of the first power-cycle, which indicates failure. Because of this 
last finding and the sensitivity of the peak stress to the gap size, itie 
L1A102 design is recommended based on these structural arguments. 
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