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SUMMARY AND RECOMMENDATIONS OF MEETING

1. INTRODUCTION

2. SUMMARY AUD CONCLUSIONS

2.1 Session I - Material Behavior and
Constitutive Eauations

The Specialists' Meeting on High-Temperature Structural Design Tech-
nology was held at Seven Springs Resort near Champion, Pennsylvania,
United States of America, on April 27-30, I976. The meeting, which was
sponsored by the International Atomic Energy Agency (IAEA) on the recom-
mendation of the International Working Group on Fast Reactors (IWGFR),
was attended by twenty participants ani observers from France, the Fed-
eral Republic of Germany, Italy, Japan, the Netherlands, the United King-
dom, and the United States. The purpose of the meeting was twofold.
First, it allowed delegates from member IWGFR countries to present and
discuss the state of the art of high-temperature structural decign tech-
nology. Second, it provided a forum for tha mutual exchange of viewpoints
in some of the key topic areas related to the structural design philosophy
used for IMFBR components.

The meeting was opened by the Chairman, Dr. Wei, who welcomed the
participants on behalf of the Division of Reactor Development and Demon-
stration of the United States Energy Research and Development Admirg^tra
tion. Dr. Khodarev, who is the Scientific Secretary of the IWGFR, "Tcf<Hi
welcomed the participants on behalf of the IAEA and the IWGFR.

The technical portions of the meeting were divided into four major
sessions as follows.

I. Material Behavior and Constitutive Equations

II. High-Temperature Inelastic Analysis Methods and Tools and Their
Applications

III. Validation of High-Temperature Design Methods: Analysis and Ex-
perimentation

IV. High-Temperature Design Codes and Criteria

In each session, papers were presented by the specialists on behalf of
their countries. Each presentation was followed by an open discussion in
the general area covered by the paper.

The technical sessions were followed by a final summary session at^
which each of the four technical sessions was summarized, conclusions were
drawn, and recommendations were made. The resulting summaries, conclu-
sions, and recommendations, which were agreed upon by the delegates, are
presented below. The meeting agenda, list of participants, and technical
papers are reproduced elsewhere in this document.

Five papers were presented at this first session. Two from the United
States addressed the development and specification of constitutive equa-
tions, which are mathematical descriptions of material behavior for inelas-
tic design analyses. The remaining three, fron France and the Federal
Republic of Germany, dealt with material behavior testing to provide de-
sign data. Notably, creep-fatigue damage and • :e high-temperature prop-
erties of austenitic steel weldments were addressed.

The two papers on constitutive equations discussed the basic inelas-
tic behavioral features of types 30^ and 316 stainless steel and 2 l/U Cr—
1 Ko steel, and "the currently recommended constitutive equations for these
materials were described relative to their experimental bases. Emphasis
was placed on the need for additional high-temperature multiaxial material
test results and for advanced theories that can accommodate behavioral
features such as the recovery exhibited by 2 \/h CJ—1 Mo steel. Promising
theories based on state variables were discussed.

Creep and low-cycle fatigue data were presented for common manually-
prepared welds of types 30U and ^UoU stainless steel. Allowable stresses
were derived from the data and generally agreed well with the design S+
curves for both materials in ASME Code Case 1592.* One set of fatigue
data does suggest that the fatigue curve for austenoferritic weld wjtfcrial could
be well below that of the base material. It was agreed that further
information is needed to clarify this point.

Data were presented on the influence of creep-fatigue interaction on
the creep and fatigue behavior of type 30k stainless steel. In particular,
results from fatigue tests with hold times were examined. One important
conclusion drawn from the data is that the lower bound of the combined
damage is well described by the total damage factor, D, currently given
in ASME Code Case 1592 for type 30I4- stainless steel.

With regard to material behavior and allowable stresses, there was
general concern, first, about the extrapolation of existing creep-fatigue
data to low strain, long hold-time conditions (such as exist in actual
components), and, second, about the influence of heat-to-heat variations.
It was concluded that long-term realistic mechanical properties data are
badly needed. It was also concluded that sensitivity studies are needed
to evaluate the effects of heat-to-variations on design allowables and
properties for analyses and that procedures for taking these effects into
account need to be devised.

•Code Case 1592, Class 1 - Components in Elevated Temperature Ser-
vice, Section III, American Society of Mechanical Engineers.



2.2 Session II - High-Temperature Inelastic Analysis
Methods and Tools and Their Annlications

Nine papers were presented in this session on topics that included
inelastic analyses of specific components, approximate analysis methods
for piping, simplified design assessment methods, an inelastic analysis
computer program system, licensing requirements and design procedures
used to satisfy those requirements, and considerations for the design of
weldments.

A paper from Japan described the results of a series of elastic-
plastic analyses of an intermediate heat exchanger tube sheet subjected
to thermal transients. The plastic strains in the region of the tube
sheet to shield junction were shown to be important.

A United States paper discussed the nonlinear analysis of a core re-
straint system. Two- and three-dimensional computer programs were de-
scribed for the evaluation of interaction forces between fuel element sub-
assemblies and the core restraint structure due to dimensional changes
of the core assemblies. Tests to verify the computer programs were de-
scribed. There was discussion following this latter paper regarding the
proper representation of frictional effects and the need to include non-
linear material properties.

Three papers dealt with approximate inelastic analysis methods for
piping. A United Kingdom paper described a method of estimating stresses
and flexibility for pipe bends subjected to out-of-plane bending in the
creep regime. The paper provided data for use in the inelastic analyses
of complete piping systems. A second U.K. paper showed how the theories
developed in the first paper could be applied to predict the time-depen-
dent changes in forces and strains in high-temperature piping systems.
Further development was required to accommodate cyclic loading. The pa-
per compared two approximate analyses and showed that one of them, based
on the Kachonov method, was not always conservative. The third paper,
from France, presented approximate methods of performing inelastic flexi-
bility analyses of piping systems. The methods were based on beam-type
theories.

The participants agreed on the need for further work in the area of
inelastic analysis of piping bends as well as of entire piping systems.
A specific need is for benchmark calculations wherein predictions are com-
pared with experimental results.

A United Kingdom paper described simplified design assessment meth-
ods that have been developed from the reference stress concept. The pa-
per emphasized the need to pay proper attention to material ductility as
well as to material strength. The meeting participants concluded that
this method should be presented to the proper ASMS high-temperature code
bodies for consideration for inclusion in Code Case 1592 as an alternative
method for assessing creep effects.

A French paper described development- in the field of inelastic
finite-element methods. A system of computer codes was discussed.

The general licensing requirements for reactors in the Federal Re-
public of Germany and the design procedures used to satisfy those require-

ments for SIIR 300 were discussed in a Gei-man paper. The discussion re-
vealed that analyses in Germany and the United States of the same mate-
rials test data led to a difference in design stress levels in the two
countries. There was__£pjisi-:lerable discussion of methods for demonstrating
structurai-'iiTfegHty under faulted conditions. The participants agrePd
that this should be a subject for discussion at a future meeting.

The final paper in this session was from the United States and dealt
with the various aspects of weldcent design for high-temperature service.
Work to establish the properties of welds in stainless steels was de-
scribed. Short-term tensile, hardness, creep rupture, and fatigue prop-
erties were included. Also, finite-element calculations that were intended
to predict the behavior of a complete weldment from the properties data
were described.

There was considerable discussion about the allowable stress and
strain levels to be used in the design of welded components. Ho final
conclusions were reached, but it was clear that much additional work is
needed.

2.3 Session III - Validation of High-Temperature
Design Methods: Analysis and Experimentation

Seven papers were presented in this session generally dealing with
testing ari siie evaluation of predictive methods through comparisons with
experimental results. Tests described ranged from simple uniaxial mate-
rials tests through basic specimen tests and simple structures tests to
full-scale tests of components such as piping and bellows.

A paper from the Netherlands dealt with analyses of hour-glass shaped
creep-fatigue specimens and comparisons of analysis results with test data.
A specific geometry suitable for creep-fatigue interaction tests was iden-
tified from the analyses, and it was shown that diametral strain measure-
ments give a better measure of axial strain in the smallest section than
do axial measurements over a finite gage length.

A single paper included in this session from the Italian delegation
actually covered a variety of topics germane not only to this session but
to Sessions I and II as well. Included were descriptions of material
tests such as burst tests and uniaxial and biaxial creep tests, a discus-
sion of computer codes being used or contemplated for use in piping de-
sign, and irradiated and unirradiated structural tests. In the latter
category, tube-to-tube-sheet tests, which are underway, were discussed,,
and sodium thermal shock, and thermal cycling facilities, which are being
constructed, were described.

A United States y=iper dealt with assessing the validity of inelastic
design analysis methods by comparisons of analysis predictions with the
results of tests on a variety of simple structures, including beams,
plates, and pipes. In the latter case, specimens vere subjected to ther-
mal shocks in sodium.

Three papers dealt with tests of piping components and/or systems.
A Japanese paper described facilities, specimens, and test procedures for
creep-fatigue, creep buckling, and thermal ratchetting tests of piping.
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Specific examples of elbow creep-fatigue and creep buckling tests were
presented. A United Kingdom paper described static and cyclic tests on
stainless steel pipes and bends. Fatigue and buckling failures were ex-
amined. Finally, a United States paper described a large test facility
to be used for testing full-size piping components at high temperature.

A French paper addressed bellows testing. The use of bellows in
IMFBRs would result in a more compact, less costly system. Thus, the
French have built a facility for full-scale bellows testing. This facil-
ity and typical test articles were briefly explained.

It was concluded in this session that current plant design must be
based on pragmatic tests to verify designs and methods and to meet re-
quirements of licensing and regulatory organizations. Further, it was
concluded that particular attention must be paid to careful characteriza-
tion of basic material properties and to small-scale tests prior to full-
scale component testing.

There was a useful exchange of information on instrumentation tech-
niques to measure temperature, displacement, strain, crack propagation,
and deformation modes in sodium and in air. While the state of the art
on thermal instrumentation and control appeared to be satisfactory, con-
cern was expressed regarding both the availability and reliability of
high-temperature strain measurement devices. The participants agreed
that their respective countries should share high-temperature strain gage
experience, data, and other information.

2 A Session IV — High-Temperature
Design Codes and Criteria

Two formal presentations were made describing elevated-temperature
structural design standards in the United States and in France. The U.S.
paper described the background and development of the ASME Boiler and
Pressure Vessel Code, Section III, Code Case 1592; addressed questions
raised on Code Case 1592 at the meeting in previous sessions; and dis-
cussed current developments in Code Case 1592. The French paper described
the background and philosophy of limits and safety margins developed for
the operating conditions and geometrical configuration of the pool-type
reactor system.

As such, it is used to some extent by all represented countries in the
development of codes and standards, but in no case has it been adopted as
a legal requirement. The basic concepts of the ASME Code are generally
accepted; however, there are differences in application and there is not
uniform acceptance of specific design limits.

A number of differences in national approach to codes and standards
were identified which might impede development of an international code,
if that were indeed desirable. The major differences, which must be con-
sidered, are summarized as follows:

1. development of general design rules vs development of specific design
rules applicable to a class of reactors or a single reactor;

2. use of a code as a national standard vs use as an advisory standard
or a guideline for agreements between manufacturers, owners, and
regulatory bodies;

3. degree of regulatory participation in development of codes and stan-
dards ;

h. timing of standards development relative to acquisition of prototypi-
cal experience and results.

It was concluded that international cooperation in the development
of design guidelines and criteria would be desirable. It appears there
are areas where an agreement could be reached relatively easily — in
principal if not in detail.

Specific proposals made to encourage and stimulate expanded inter-
national participation in criteria development were as follows.

1. ASME Code committees should send out copies of working documents to
designated foreign recipients for review and comment.

2. A regularly scheduled ASME Code meeting should be held outside of the
United States.

It was further concluded that it is impractical to develop mandatory
international codes and standards.

Three questions were posed for discussion by representatives of each
delegation in order to determine the relative status of codes and stan-
dards in the represented countries. The three questions were:

1. Do you have national design standards?

2. How are design standards and limits developed in your country?

3. What are the major differences between your standards and the ASME
Code?

Based on the discussion of the questions by each delegation, it was
concluded that there are both similarities and differences in codes and
standards used in each country. The ASME Boiler and Pressure Vessel Code,
Section III, Code Case 1592, is the only elevated-temperature design code
that has been published and that is generally available to all countries.

3. RECOMMENDATIONS

Formal recommendations that were agreed upon by the meeting partici-
pants are summarized below.

1. Mechanical properties data for materials of interest should be obtained
under low strains, low strain rates, and long hold times (existing in
actual IMFBR components).

Tests on ratcheting and in particular on interaction of creep.and
tiniR independent plastic deformation for stress just around yield
point"should also be foreseen.

2. Sensitivity studies should be undertaken to evaluate the effects of
heat-to-heat variations and to devise procedures for taking the varia-
tion into account.



The major importance concerns the analysis of the scatter of creep
properties between different heats and the reduction of scatter by
refining the material specifications. APPENDIX I

An international benchmark problem effort should be undertaken to
evaluate both detailed and simplified analysis methods for piping
bends as well as for entire piping systems. Several problems for
which experimental results are available would be solved by analysts
in IWGFR member countries. Currently, available data include test
results from Battelle-Columbus Laboratories (U.S.), C.E.A. (France),
and P.N.C. (Japan). It was recommended that J. M. Corum of the United
States serve as coordinator for this activity and that the following
participants serve as contact points in their respective countries:

B. Roche — France
K. Bieniussa — Federal Republic of Germany
F. Cesari - Italy
M. Sumikawa — Japan
L. G. Janssen - Netherlands
R. T. Rose - United Kingdom

A final report summarizing the various analyses and comparing them with
experimental data is to be prepared and issued to IWGFR member coun-
tries.

h. It was concluded that the simplified design assessment method pre-
sented by Mr. Townley in Session II should be presented to the appro-
priate ASME Code group for consideration in Code Case I592. It was
therefore recommended that the meeting chairman, Dr. Wei, transmit a
copy of Mr. Townley's paper to the appropriate Code groups. Mr. Town-
ley will supply supporting documents if requested by the ASME Code
body.

5. Methods for demonstrating structural integrity under faulted condi-
tions should form a topic for discussion at a future meeting.

6. IWGFR member countries should work together to develop and verify
high-temperature strain measuring instrumentation by sharing experi-
ence, data, and other information.

7. To stimulate international participation in the widely used ASME
Code, meeting participants recommended that a regularly scheduled
ASME.Code meeting be held outside the United States, and that the
ASME.invite designated foreign representatives to attend Code committee
meetings as individual observers.
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1-1 Exploratory Testing in Sup-
port of Constitutive Equa-
tion Development for Inelas-
tic Analysis*

R. W. Swindeman
R. L. KLueh

United States INTRODUCTION

ABSTRACT

Current guidelines for inelastic analysis of LMFBR com-
ponents are based on the assumption that elastic, plastic, and
creep strains can be computed separately and added to obtain
cotal strain. These computations require generalized con-
stitutive equations in addition to specific uniaxial materials
representations, such as elastic-plastic stress-strain
representations and creep laws. Data from exploratory mechani-
cal testing are vital to the proper formulation of these
equations. It is recognized that complex interactions can
occur between the plastic flow and creep deformation modes and
these interactions have significant impact on the development
of constitutive equations. This paper describes some of the
significant inelastic behavioral features of type 304 stainless
steel and of 2 1/4 Cr-1 Mo steel as observed from uniaxial
exploratory mechanical testing.

Exploratory tests of reference heats of type 304 stainless
steel reveal that the initial yield strength is quite low, the
work-hardening capability under both monotonic and cyclic strain-
ing is high, and the strain rate effects are almost negligible
in the temperature range 400 to 600°C (752 to 1112°F). The
influence of low stress creep exposure on the subsequent flow
stress is of a hardening nature for the conditions of interest.
The creep behavior can be characterized as exhibiting pronounced
creep hardening with minimal time-dependeat recovery. Depending
upon the specific test conditions, plasticity strain can either
suppress or accelerate subsequent creep rates.

Exploratory tensile and strain-cycling tests on annealed
2 1/4 Cr-1 Mo steel reveal that this material has a relatively
high yield strength, low work-hardening capability, and signifi-
cant response to different strain rates in the temperature range
300 to 600°C (572 to 1112T) . Exposure to low stress creep
conditions can produce a loss in the hardening capability. The
creep behavior can be characterized as exhibiting modest creep
hardening under low stress conditions but time-dependent recovery
can be significant. As with the austenltic steels, plastic
strain can either suppress or accelerate creep rates.

In the United States, the current guidelines for Inelastic analysis

of high temperature nuclear components were developed on the assumption

that the elastic, plastic, and creep strains can be calculated separately

and summed to obtain the total strain,1 Consistent with this philosophy,

constitutive relations have been developed which apply, not only to

specific materials,'>z but to specific types of strain, such as time-

independent elastic-plastic behavior and time-dependent creep. In develop-

ing realistic constitutive relations applicable to specific materials,

guidance is provided by uniaxial exploratory tests designed for this

purpose. This approach is illustrated in Fig. 1 which shows, schematically,

the type of uniaxial exploratory testing which Is required, As shown in the

sketch, there are two broad categories, time-independent plasticity and

time-independent creep, and each is subdivided into monotonic and cyclic

tests. The monotonic tests refer to conditions where stresses are not

reversed in a positive and negative sense, hence, even though nonsteady

conditions might be imposed, there is a net accumulation of strain in one

direction. Tests of this type include constant and variable strain rate

tensile tests, variable load creep tests, and variable temperature tests in

both categories. The cyclic tests refer to conditions where stresses are

reversed in a positive and negative sense and there may be no net accumula-

tion of strain. Tests of this type include plastic strain cycling and

reversing load creep tests. Again, variable strain rates, strain ranges,

and temperatures may be involved in both categories,

A third category of testing is included in Fig. 1 which studies the

interaction of creep and plasticity. Tests of this nature involve an

interspersion of creep and plasticity strains whieh-can—be-of-both monotonic

and cyclic character.

*Research sponsored by the U.S. Energy Research and Development Ad-
ministration under contract with the Union Carbide Corporation.

Clearly, an enormous amount of testing would be required to provide a

full picture of the mechanical behavior over the broad range of conditions

of concern in the development of constitutive equations for high-temperature

inelastic design. Exploratory testing is only a first step in this direc-

tion. Even so, a wealth oE materials properties data has been produced

and it is not possible, in this report, to go into this in any detail.



I . Elastic-Plastic Studies
A. Monotonie
B. Cyclic

II. Time Dependent Studies
A. Monotonie
B. Cyclic

III. Creep Plasticity Interactions
A. Effect of Creep on Plasticity
B. Effect of Plasticity on Creep

Fig. 1. Experimental Approach to Exploratory Testing in Support of
Constitutive Equation Development.

Rather, only a broad overview will be presented, here, along with references

which will assist the reader in finding more detailed information, where

it exists.
300

AUSTENIT1C STAINLESS STEELS

Monotonie Plasticity

We begin with the comparison in Fig. 2 of the room-temperature tensile

yield curve for a reference heat of type 304 stainless steel in the mill-

annealed and laboratory-reannealed conditions.3 Close inspection of the

curves reveals that, although both conditions exhibit nearly the same

proportional limit, the mill-annealed material has a higher yield strength

and more gradual transitio.i from near-elastic to essentially plastic

behavior. Beyond 0.4% strain, the hardening rate is about the same for

both conditions. The gradual curvature exhibited by mill-annealed material

between 0.1 and 0.4% strain is, of course, a manifestation of a 3auschinger

effect, which reflects the flattening or straightening strains introduced

after the mill anneal. Such strains can viry considerably within a product
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and the character of the flow curve below the 0.4% strain will reflect this

variability. Generally, the yield curve for laboratory reannealed material

has a more bilinear character and is more reproducible within a product.

Partially for this reason, the exploratory tests described here

were performed on material in the reannealed condition. It has been

observed that the slope of the yield curve, that is, the tangent modulus

or rate of work hardening, is not very temperature or strain-rate sensitive

for austenitic stainless steels at temperatures below 600°C and for strains

to 5%.1*'5 This is demonstrated in Fig. 3, for several temperatures and

in Fig. 4 for several strain rates at 593°C. A significant feature of the

flow behavior is that the temperature and strain rate sensitivity of the

flow stress is far greater around 25°C than in the temperature range of

interest no Fact Breeder Reactors. This type of behavior is expected for

pure metals and dilute alloys where the flow stress is thought to consist

of thermal and athermal components.6'7'8 The thermal component, which is

sensitive to temperature and strain rate, generally vanishes by the time

the temperature reaches about 0.35 of the melting point. Plastic

deformation, therefore, increases the athermal component of the flow stress

but does not influence the character of the yield surface. Although it is

attractive to treat inelastic flow in austenitic steels by means of the

thermal stress activation analysis, complications are introduced by the

existence of significant strain aging phenomena in this material.1'»9 Due

to strain aging, ir is possible to observe inverse strain rate effects at

temperatures where, using classical approaches, we would not expect rate

sensitivity. Variable strain rate tests in the range 300 to 600°C suggest,

however, that this strain rate dependence is of secondary importance in

monotonic tests. In fact, it may be more important to include strain rate

effects into low temperature plastic flow models than into intermediate

temperature models.10

For nonisothermal plasticity conditions in type 304 stainless steel

over the strain range 0.2 to 10%, it appears that the flow stress depends

primarily on the temperature and current value of the inelastic strain and

is not greatly dependent on the temperature at which the prior strain was

accumulated. These conclusions are based on a series of tests in which

the temperature was varied incrementally between 25 and 538°C. Approximately

1% strain was introduced at each temperature. Typical results are plotted

in Fig. 5 and compared to the predictions of two flow models,11 both of

which assume strain hardening. Similar results were obtained using other

temperature change programs. Further, tests were performed in which tempera-

ture was incrementally increased and the specimen was strained to pre-

selected stresses. All these test data showed similar results and generally

supported the strain accumulation as a reasonable basis on which to deter-

mine the flow stress under monotonic straining conditions.

Cyclic Plasticity

Because of the large number of testing variables, hardening behavior

under strain cycling conditions is not easily described. Clearly, the flow

behavior in the first quarter cycle is defined by the nonotonic tensile

flow curve and, even beyond the first quarter cycle, tl.e hysteresis loop

can exhibit some features common to the monotonic flow curve. This can be

seen in Fig. 6 which compares several hysteresis loops for type 304 with
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the monotonic flow curve at 593°C. It appears that the hardening rate

near the loop tips is close to the hardening rate associated with the

monotonic curve. Secondly, although the loops appear- to have larger

elastic ranges, close examination reveals that the elastic strain is

approximately double that in the monotonic test, which Is consistent

with one assumption in regard to kinematic hardening. There are

several ways in v.'iich the monotonic and cyclic behaviors differ, however.
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The first, of course, is the large Bauschinger strain observed when strain

is reversed. This is something which has no parallel in the monotonic

curve for reannealed type 304 stainless steel and must be evaluated

experimentally. Differences can be seen more clearly by examining the

ascending portion of the hysteresis loops after replotting the compression

loop tips at the origin of the stress-strain plot and reducing the loops

by a factor of 2 in'stress and strain.12 Such data are shown in Fig. 7 for

type 304 stainless steel at 593°C. It is clear that shifting the monotonic

curve along the elastic loading line will not produce coincidence with the

cyclic traces. It is equally clear that the cyclic traces themselves can-

not be superimposed. In this respect the austenitic stainless steels seem

to differ from ferritic alloys.12 The lack of a characteristic hardening

curve at temperatures below 600°C has been demonstrated by several investi-

gators13"16 and is quite possibly associated with the deformation mode

which for type 304 stainless steel is planar slip.17 Although a character-

istic curve cannot be developed, investigators have found it possible to

model the hysteresis loop shape once a few key data are obtained,18»19

So far, we have only shown the tenth cycle hysteresis loops. With

continued cycling it is often observed that cyclic hardening, or softening,

is a function of accumulated plastic strain20 and that the cyclic stress

range approaches a saturation condition. The actual saturated stress and

the rate of approach to saturation depend on the strain range, temperature,

and strain rate, as well as any prior strain history.21 We have found that

the saturation stress is developed when the accumulated plastic strain

reaches a fixed value, irrespective of the inelastic strain range of the

test. This implies that at high strain ranges the approach to saturation

is rapid and at low strain ranges a great many cycles are required. Typical

cyclic hardening data are shown in Fig. 8. In relation to design problems,

failure criteria22 are such that the maximum number of allowable cycles

can never exceed five percent of the expected life and, in some instances,

the saturation stress might not be reac!.ed within the design lifetime.

For this reason it is important for the design analyst to have more knowl-

edge of cyclic hardening than just the strength at the first cycle and at

saturation. Materials programs are developing data which provide cyclic

strength information for the initial, tenth, and saturation cycle, although

in many instances only the initial and tenth cycle loops are used in

analysis.1 It is clear, in Fig. 8 for example, that, at low strain ranges,

the tenth cycle strength is much below the saturation value and considera-

tion of cyclic hardening beyond the tenth cycle may be necessary, expecially

when material in the reannealed condition is exposed to many cycles.

With respect to variables other than strain range, it appears that

in the temperature range of interest for Fast Breeder Reactors, the cyclic

strength of austenitic stainless steels is inversely related to the strain
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rate, due to strain aging. 1<t'2't>25 Hence, in the development of flow

models for cyclic plasticity one must either account for strain aging or,

as is currently done, Ignore rate dependency altogether. Our exploratory

testing has shown that the influence of strain aging on the flow stress

depends somewhat on the strain range as well as temperature and strain rate.

We conclude that in the strain range of interest for Fast Breeder Reactors,

say 0.4%, strain aging effects are not of great importance, however. With

respect to nonisothermal cyclic plasticity, our exploratory testing in the

temperature range 427 to 538°C suggests that the behavior may be predicted

on the basis of accumulated cyclic plastic strain, which is analogous to

the use of strain accumulation for nonisothermal tensile straining. The

influence of temperature is not great inasmuch as the monotonic yield

strength shows only a slight dependence (Fig. 2) and the cyclic saturation

stresses for type 304 stainless steel, shown in Fig. 9, are almost inde-

pendent of temperature in the range 427 to 538°C. Even the low strain data

for 593°C fall on the same trend line as data between 427 and 538"C.

One of the least understood processes in strain cycling is the soften-

ing which occurs when, after reaching a saturation condition, the cyclic

strain is reduced.26 Immediately after strain reduction the cyclic stress

exceeds the saturation value and, with continued cycling in the plastic

range, the stress gradually decays toward the saturation stress expected

at the lower strain range. The rate of approach to the new saturation

level is dependent on the experimental variables, of course. For example,
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at high temperatures, say 649°C, the rate of approach will be high while

at low temperatures, say 427°C, the rate of approach will be low. Some

typical data for tests at 427°C are shown in Fig. 10.

Monotonie Creep

Creep in austenitlc stainless steels conforms to the classical pattern,

shown in Fig. 11, involving three creep stages (1) primary, where the creep

rate diminishes with time, (2) secondary, where the creep rate is fairly

constant, and (3) tertiary, where creep rate accelerates and leads to

failure. Substantial progress has been made in representing the transient

component of the primary creep stage by single and double exponential

forms27'28 and single and double rational polynomial expressions,28~29 j n

regard to creep hardening, incremental increases in stress generally

produce a creep response which is consistent with the predictions of strain

hardening28'30 as shown in Fig. 12 for data at 649°C. It is difficult to

assess creep hardening models by this procedure, at lower temperatures,

however, because incremental stress increases are often accompanied by

increments of "instantaneous" plastic flow. Hence, in order to use the

strain hardening approach we must ignore the possibility of hardening, or

softening, due to the plasticity strains. We will return to this point

when discussing creep-plasticity Interactions, Load decrease tests are



also of value in examining creep hardening behavior and such tests include

incremental decreases,30 relaxation,28 and stress cycling in tension only.

In most instances, the response over relatively long testing periods

suggests that the summation of creep strains is a reasonable basis upon

which to formulate a hardening rule. In short duration cycling tests,

anelastic effects become important and tend to obscure trends with respect

to hardening behavior. For example, if the stress follows a square wave

cycle, then for type 304 stainless steel at 593°C the recovery strains at
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Fig. 11. Creep Curves for Type 304 Stainless Steel at 593°C.

the low stress can partly cancel the tensile creep strains at the high

stress and the result is a greatly suppressed creep rate. This phenomenon

only occurs in certain ranges of temperature, stress, and frequency,

Japanese investigators31'32 have studied the phenomenon in several alloys

and we have confirmed its existence in types 304 and 316 stainless steels

at 593°C.

Cyclic Creep

Data which pertain to creep under reversed stresses are scarce, Tht

information which can be gleaned from the literature33"36 suggests that

creep rates after stress reversals can equal, or exceed, the initial creep

rate in virgin material at comparable stress. Our studies of type 304

stainless steel at a temperature of 593°C show no evidence of softening,

relative to virgin material. That is, the strain produced in the first

creep period always equals or exceeds the strains produced in subsequent

reversals, assuming that the absolute value of the subsequent stresses

never exceeds that of the first reversal,1 Data pertaining to creep

behavior when the stresses are not fully reversed are also scarce but the

tests which we have performed at 593°C exhibit a slight amount of harden-

ing in the first cycle and then a rapid stabilization of cyclic creep

strains.
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A typical creep curve for type 304 stainless steel is shown in

Fig. 13. Examination of the trend reveals that the compression creep

segment of each cycle is similar in shape and magnitude to the intial

portion of the virgin creep curve at the same stress value. This observa-

tion is consistent with the current constitutive relations used for

austenitic stainless s!.3els. Similar data for 649°C are shown in Fig. 14.
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Fig. 13. Creep Behavior of Type 304 Stainless Steel at 593°C Under
Partially Reversed Loads.
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Creep-Plasticity Interactions

The subject of creep-plasticity interaction covers a very broad

area and results from such tests have a significant impact on the develop-

ment of constitutive relations. In a high temperature test, at very low

strain rates, creep contributes substantially to the inelastic strain1* for

type 304 stainless steel. At the high strain rates and relatively low

temperatures associated with transient conditions in Fast Breeder Reactors,

however, creep is not thought to be a significant contributor to the

inelastic deformation. On the other hand, under service conditions the

tensile flow produced by the rapid transient is usually followed by a

period of creep or relaxation, and it is conceivable that the subsequent

flow stress will be affected. Data, from several sources,37,36 S|1OW that

when the creep stress is close to the plastic flow stress the accumulation

of creep strains results in hardening and flow stress increases. When the

flow stress is high, say as a consequence of large monotonic or cyclic

strains, and the creep stress is low, then recovery can occur and the

plastic flow stress will diminish during the creep period. Examples of

the increase in flow stress produced by periods of creep are shown In

Fig. 15 for type 304 stainless steel. The dashed lines represent constant

load creep behavior at 538°C and the solid lines represent the results of

a step load creep test in which the stress was increased every 500 hr.
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As shown in the figure, the total strain in the step load test always falls

below the loading strain, at zero time, for the constant load tests. This

implies that accumulated time-under-stress has raised the flow stress. An

example of the recovery of flow stress, produced during a relaxation period,

is shown in Fig. 16. The material in the A479 condition shows a decrease,

or recovery, in the flow stress after the 100 hr relaxation period, whereas

the material in the reannealed condition exhibits about the same flow stress

before and after the relaxation period.

Just as the accumulation of creep strains can produce both increases

and decreases in the plastic flow stress, so also plasticity strains can

both retard and accelerate creep. Large plastic strains, generally in

excess of those encountered in service, often suppress primary creep. In

contrast, we have observed that small plastic strain increments produce

higher creep rates at 593°C and for stresses in the range 100 to 150 MPa.

The problem of creep-plasticity interaction under cyclic conditions

is of paramount interest to the designer concerned with the analysis of

components which experience cyclic service. The most common type of

creep-plasticity test is the low cycle fatigue test in which relaxation

holds are introduced at one or both of the limits of strain.39>1*0 This

type of cycle is compared, schematically, with other types in Fig. 17.

Included are (a) plasticity with relaxation at the strain limits,1'0

(b) creep which is reversed by plasticity,**' (c) plasticity with creep

interspersed about a mean strain near zero,'*2 and (d) creep with periodic

interspersion of cyclic plasticity. Although data are available for

austenitic stainless steels for each of these types of tests, conditions

have not usually covered the combinations of temperatures and hold times

of primary concern for inelastic analysis. Host of the available

data1»"*0»'*3'1*'* for the relaxation type of cycle show that the cyclic stress

range increases with accumulated inelastic strain, just as in the case of

continuous cycling, but the saturation stress range and the rate of approach

to saturation are influenced by the duration of the hold period. At high

temperatures and high strain ranges the hardening produced by the plastic

strain cycling is recovered during the relaxation period and, as a

consequence, the flow stress and saturation stress range have values well

below those characteristic of continuous cycling. Thus, the flow stress and

stress range decrease with increasing hold time. At lower temperatures

and especially at lower ranges, where there is considerably less

hardening, the influence of relaxation holds on the flow stress and

saturation stress range is small. There is some evidence, in fact,

suggesting that the stress range is slightly increased by the introduction

of hold time at low strain ranges. » ^ An example of the influence of

creep periods within a hysteresis loop for type 304 stainless steel is

shown in Fig. 18,
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Here, a plastic strain cycle OABC has been interrupted

by period of creep, CD, which lasted one ueek. When cycling was resumed,

DEF, the flow stress, was seen to be higher than before the interruption,

This implies that the creep strains have a hardening effect on the flow

stress. After completing the second hysteresis loop, EFGH, the stress

was again reduced and second period of creep, IJ, was introduced for one

week. Subsequent cycling, J1CL, showed that the flow stress recovered

during the second creep period. The influence which cyclic plasticity

exerts on creep behavior can be examined in the relaxation cycle by

considering how the relaxation component is influenced by progressive

cycling. Available data for austenitic stainless steels show that the

relaxation strength increases for the first few cycles but stabilizes

when the stress range reaches saturation, """i1*'1 Generally, the relaxation

rates after stabilization are slightly greater than the relaxation rates

observed on material tested under monotonic strain conditions. A compari-

son of the relaxation strengths for monotonic and cyclic straining of

type 304 stainless steel is shown by means of the isochronous relaxation

diagram in Fig. 19 for 593°C. The data for cyclic relaxation are scarce,

especially for long times, and the trend suggesting lower strengths has

not been well established. Higher creep rates after plastic cycling have

also been observed in the data obtained from creep-fatigue interspersion

testing1*2 using the type of cycle shown in Fig. 17(c). Results, for 649°C,

are similar to relaxation data in the sense that the creep increment

is greater than what one would expect if creep strain accumulation were

the basis for a hardening rule. Thus, it appears that, under cyclic

plasticity conditions, a situation similar to reversal creep can develop

in the sense that some primary creep is regenerated after each cycle. A

somewhat different trend is observed when creep tests are interrupted

periodically by plastic strain cycling as sketched in Fig. 17(d). Some

typical data for type 304 stainless steel at 593°C are shown in Fig, 20.

Here the creep curve for a constant load test is compared to the curves

from tests in which creep was interrupted once per week by strain cycling.

The curve produced when only one plastic cycle was introduced each week

falls very close to the constant load (monotonic) curve, while the curve

produced when 10 cycles were introduced each week exhibits a supression

of the early portion of the curve but afterward the general trend is much

the same. Data produced at Battelle Memorial Institute are also included

and show that 20 cycles of plastic straining also suppress the early

portion of the curve.
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It is probable that.the character of the creep produced after plastic

strain cycling depends to a large extent on the point on the hysteresis

loop at which creep commences.115 Data currently available are not

sufficient to fully characterize this behavior, however.

ANNEALED 2 1/4 Cr-1 Mo STEEL

Monotonic Plasticity

The tensile flow behavior for annealed 2 I/A Cr-1 Mo steel differs

from the behavior of austenitic steels in several respects. Being a

ferritic alloy, its mechanical response is very sensitive to heat treat-

ment. For example, depending on the cooling rate from the annealing

temperature it is possible to produce a fairly well defined yield point
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Fig. 19. Comparison of Isochronous Relaxation Strength Data Obtained
From Monotonie and Cyclic Tests on Type 304 Stainless Steel at 593°C. Data
from several heats and heat treatments are included.

at low temperatures or, as may be seen in the curves plotted in Fig, 21,

one can eliminate abrupü yielding altogether.1|8>lt9 The well defined

yield is associated with the pinning of dislocations by interstitial atoms

and this occurs in the temperature range 25 to 300°C. By comparing the

flow curves in Fig. 21 with the flow curves for type 304 stainless steel

we see that the hardening between 0.2 and 5% strain is greater for

2 1/4 Cr-1 Mo steel, at least for temperatures to 538°C. Also, the yield

stress near 0.2% strain is less sensitive to temperature for the ferritlc

alloy. Finally, the tangent modulus or rate of hardening is quite sensitive

to temperature in 2 1/4 Cr-1 Mo steel and a maximum in the rate of hardening

occurs around 350°C when the strain rate is near O.OOO67/sec. Although

the yield strength is not very sensitive to either temperature or strain

rate, the hardening rate and hence the flow stress at higher strain is

quite sensitive to testing variables. The strain-aging phenomenon in the

temperature range 300 to 600°C is thought to be caused by interaction

solid-solution hardening50'51 which involves the interaction of Mo and C

atoms or clusters with dislocations, rather than interstitial-dislocation

interaction, which occurs at lower temperatures. The extent of hardening

produced by the phenomenon at 510°C can be seen by examining the flow

stress as a function of strain rate. Such a plot is shown in Fig. 22.

It appears that for modest changes in strain rate, say in the range

10"6 to 10~5, however, strain aging effects nre not very severe providing

the stresses and strains are maintained at a low level.
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For inelastic strains in excess of 0.2%, a model, based on the Voce52

equation has been developed to describe inelastic flow.53 Strain rate

effects are included in the model.

Cyclic Plasticity

The low cycle fatigue behavior of 2 1/4 Cr-1 Mo steel has been

studied extensively. In spite of this, very little data are available in

the literature which describe the cyclic stress-strain behavior as cycling

progresses, although a substantial data base is available for the strength

at saturation, or half life. Hysteresis loops are shown in Fig. 23 which

represent the hardening behavior for the first 20 cycles at a typical

temperature, 510°C, and strain range of 0.6%. Clearly, the loops suggest

that the material hardens under cyclic strain accumulation. The hardening

response differs from austenitic steels, however, in some respects, and

this may be seen by comparing a typical cyclic stress strain curve at 10

cycles for 2 I/A Cr-1 Mo steel, shown in Fig. 24, with a similar curve

for type 304 stainless steel, shown in Fig. 7. We can see that type 304

stainless steel exhibits considerably more hardening, relative to the

monotonic curve, than does 2 1/4 Cr-1 Mo. Another difference between

austenitic steels and ferritic steels concerns the stabilization of the

cyclic strength. At SIO^C, for example, data for one heat o£ 2 1/4 Cr-1 Mo

steel reveal that the cyclic strength goes through a maximum early in life

and the bulk of the cycling period exhibits a cyclic stress range below

the maximum. Data, showing this, are provided in Fig. 25. Although this

trend is not always observed in 2 1/4 Cr-1 Mo steel,5*»i55 ic ±s thought to

be real and allowances for cyclic softening have been included into the

recommended constitutive relations. It should be mentioned that this same

type of behavior has been observed in austenitic stainless steels at

certain temperatures and strain ranges also,'*0»55''''*

With respect to variables other than strain range, we see that the

cyclic strength exhibits a peak at temperatures and strain rates where

interaction solid solution strengthening is present.1|8 At high strain rate

dynamic strain aging may also influence hardening behavior.25 The relative

increase in strength appears to vary from heat-to-heat and therefore, it

is difficult to be precise about the extent of hardening. Little or no

data are presently available to assess the cyclic behavior under varying

strain rate and temperature conditions.
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Monotonie Creep

The creep behavior for annealed 2 1/4 Cr-1 Mo steel under constant

load conditions is not as well understood as the behavior for austenitic

stainless steel. Examples of actual creep curves at 510°C at the low

strains of interest for design are shown in Fig. 26. Figure 26(a) shows

relatively high-stress tests to 5% strain, while 26(b) shows low-stress

tests to 0.15% strain. In all cases the onset of tertiary creep appears

to occur before 0.1% strain is reached. The curves for the high-stress

tests (Fig. 26(a)J appear to be in tertiary creep from the time the test

is started.
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This behavior can only be understood when the individual creep curves

are examined. Two types of creep curves are observed; these are shown

schematically in Fig. 27. Curve A is the classical creep curve with

primary, secondary (steady state), and tertiary creep stages. Carve B,

however, is somewhat more complicated (nonclassical). After a period of

decreasing creep rate, an apparent steady-state stage is reached, after

which the creep rate begins to increase (tertiary creep?). Instead of

increasing to rupture, however, the creep rate again decreases and goes

into what; appears to be another steady-state stage. Finally, the creep

rate again increases and continues to increase to rupture.

If the curves given in Fig. 26(a) are now re-examined, it is found

that the initial primary stage shown for Curve B (Fig. 27) is only

apparent when the early part of the curve is enlarged. Such an enlargement

is shown for the 151.7 MPa test, which is shown to 1.5% in 26(a) and

0.2% in 26(b). In Fig. 26(a), the first two stages cannot be identified,

while Fig. 26(b) shows parts of the first three stages. When this test

was continued to rupture (9650 hr), the other two stages were also

deliniated.57 The end of the second steady state stage was reached in

5300 hr at a strain of 6.63%.

Studies were made at 454, 510, and 566°C to determine the stress

range where nonclassical curves appear.s7 The initial steady-state sta$e

in the nonclassical creep curve was explained in terms of interaction

solid solution hardening58 — the same process that gives rise to the

dynamic strain aging peaks in the monotonic tensile tests discussed above.

The second steady-state stage for these nonclassical curves was the one

that corresponds to the secondary stage for tests with classical curves

(i.e., the same dislocation mechanism controls these stages). Hence,

the classical onset of tertiary creep corresponds to the end of the second

steady-state stage. The quasi-tertiary stage at the end of the first steady

state stage (the increasing creep rate) is due to a metallurgical instability;

it corresponds to the removal of carbon and molybdenum from solution to

form carbide precipitates, after which these species are no longer available

for interaction solid solution hardening.57

With respect to varying stresses, results from incremental change

tests generally support strain accumulation as a reasonable basis on which

to predict creep response.2»59 An example of the behavior at 566°C is shown

in Fig. 28. However, more data are really necessary under load and tempera-

ture cycling conditions before the strain hardening approach has been

really tested. This is especially true at low temperatures and high

Stresses where plastic loading strains can influence subsequent creep

behavior.
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Cyclic Creep

Data for reversed creep cycling are scarce for 2 1/4 Cr-1 Mo steel.

The information which is available in the temperature range 510 to 566°C

is similar, in many respects, to the information on austenitic steels.

That is, when the load is reversed the creep rate at first is quite high

and could even exceed the initial rate for a virgin specimen at a com-

parable stress.2 With subsequent time under stress, or continued cycling,

behavior depends on both the temperature and stress level. At 510°C and

at low stresses some data exist that imply cyclic hardening can be

expected.2 Other data, as shown in Fig. 29 for 566°C, imply that cyclic

softening could develop. Irrespective of whether the first few cycles

exhibit hardening or softening, the material approaches a "stabilized"
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condition, after which the cyclic strains are repetitive. This response

pattern is not understood and considerably more longer time data are

required.

Creep-Plasticity Interactions

Similar to the behavior of austenitic steels discussed earlier, the

influence which creep has on the subsequent plastic flow stress for

2 1/4 Cr-1 Mo steel depends on the temperature and the relative difference

between the flow stress prior to creep and the actual creep stress.

Generally, the ferritic steels exhibit high flow stresses relative to the

creep strength, hence creep-plasticity interactions are not very important

for monotonic straining conditions but could be of concern for cyclic

situations. Data from multiple loading relaxation60 tests are plotted for

several temperatures in Fig. 30 and these show that at low temperatures,



such as 450 and 482°C, the relaxation strains are similar to plastic

strains and the flow stress increases slightly. At 538 and 566°C, where

significant relaxation occurs, the flow stress decreases during the

relaxation period, hence recovery pnenomena are quite active. Some evidence

exists, as implied by the relaxation strengths plotted in Fig, 30(c) and (d)

that the relaxation rates are greater after exposure to prior strains and

relaxation periods. This implies that at higher temperatures, some soften-

ing occurs both in respect to creep and plasticity.
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in Fig. 17, have shown that cyclic hardening capability is reduced by the

introduction of relaxation or creep hold periods. 56,"»8,2,23 However, thii

cyclic strength usually is equal to or greater than the cyclic strength for

the first cycle under continuous cycling conditions. Cyclic plasticity

strains have been observed to accelerate creep in some cases and have little

influence on creep in other cases.'t2'1|B>2 Data are shown in Figs. 31

for a test at 510°C which involved the type of hysteresis loop shown in Fig. 17(d).
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In regard to creep-plasticity interactions under cyclic conditions,

2 1/4 Cr-1 Mo steel behaves somewhat differently from austenitic stainless

steels. Data produced by cycling according to the different loops plotted
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We can see Chat at the higher creep stress, Fig. 31, the cyclic

plasticity has introduced a short transient strain component which, when

accumulated over several cycles, produces creep strains which exceed those

for monotonic creep. At a lower stress, however, the cyclic plasticity has

had little effect (Fig. 32).

DISCUSSION

In evaluating the complex mechanical behavior of structural alloys

at high temperatures it becomes clear that the response after any change

in testing conditions is dictated to a large extent by the rate at which

recovery can occur.^^ It is fairly clear that consideration of strain

hardening alone is not a completely satisfactory basis on which to formu-

late flow and hardening models for plasticity and creep. Although models

based on competition of strain hardening and time recovery are attractive,

and should be vigorously pursued, it is clear from the results available

in the literature that other processes are active in structural alloys and

influence mechanical behavior. For example, time aging can produce

strengthening and plasticity can produce weakening. These effects conflict

with the concepts of time-dependent recovery and strain-dependent hardening.

Until these processes are better understood it appears that the constitutive

equations, developed for complex engineering alloys in the creep range, will

include some ad hoc rules chosen on the basis of engineering judgement to

material behavior.best represent the general trend if.
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Abstract:

The influence of creep-fatigue interaction on creep and

fatigue properties of the SNR-300 structural steel

X 6 CrNi 1811 (similar to AISI 304 ss) has been studied.

Specimens were either precrept and then fatigue loaded

or prefatigued and then creep loaded. In a third type of

test alternating creep fatigue loading was applied. Tests

were terminated when rupture occured. The results were

evaluated with respect to the validity of a linear creep-

fatigue damage rule as specified in ASME CC 1592. The

values determined for the damage factor D show a relatively

large scatter and depend on the type of test and the relative

amounts of creep and fatigue loading. Alternating loading

is most damaging with respect to specimen lifetime. An

evaluation of the data shows that the values given in ASME

CC 1592 can be regarded as representing a lower bound of

creep-fatigue interaction effects.

Introduction

Components in nuclear reactors operating at high tempe-

ratures are subjected to creep and cyclic loadings.

Creep loading is present during steady state reactor

operation, while cyclic thermal strains occur during

reactor startup, shutdown and power transients. For

design purposes, the influence of cyclic strains on

creep behavior and of creep strains on cyclic behavior

has to be taken into account. In both cases preloading

may alter significantly the properties of the material

and lead to premature failure of a component.

To design against failure by creep-fatigue interaction

ASME Code Case 1592 recommends the application of a

linear damage rule of the form

where II is the number of applied cycles of loading

condition j,

Np the number of design allowable cycles of condition j,

t the time duration of the load condition k,

t_ the allowable time at a given stress from load k and

D the total creep-fatigue damage. For austenitic

steels the allowable values for D are shown in fig.l.

They are based largely on an evaluation made by

R.D. Campbell / 1_7 of existing data of hold time

experiments on 304 stainless steel.

The objective of the tests described below was to study

the influence of creep-fatigue interaction on creep and

fatigue behavior of X 6 CrNi 1811, an 18 Cr - 8 Hi

stainless steel (type 304). The steel (DIN no. 1.4948)

is used as pressure vessel and shield tank material for

the German fast breeder reactor SNR-300. In addition,

it was intended to evaluate the validity and applicability

of the design rules for creep-fatigue interaction given

in the ASME Code.

2. Experimental details

The chemical composition and the mechanical properties

at RT of the material examined are shown in table 1.

The steel was tested in the as received, i.e. solution

annealed condition at a temperature of 55O°C.

Cyclic damage was induced with a servo-controlled testing

machine by axially push-pull loading at a constant strain

rate of 3 x 10 sec. and at total strain range of 1,2 %.

For creep, the specimens were transferred to axial creep
2

machines and loaded at 28 Kp/mm . The creep strain was

recorded continuously with an extensometer.



The types of tests carried out are shown schematically

in figure 2. They were as follows

a) Prior creep loading followed by fatigue loading to

rupture.

b) Prior fatigue loading followed by creep loading to

rupture.

c) Sequence of alternating creep and fatigue loadings

to rupture.

The fatigue damage included by cyclic prestraining

and expressed in terms of, N/N-, where N- represents

the number of cycles of failure (Ä1150), ranged between

0 and 0.8. The values for creep damage expressed as

t/t-, where t, is the creep rupture life (= 190 h ) , lay

between 0 and 0.6.

Fig. 3 shows the specimen that was used for conducting

the tests. The strain was measured longitudinally with

extensometers mounted on the ridges at the end of the

gauge length. For calculating the strain, the change in

gauge length was divided by the initial gauge length,

i.e. before any loading had been applied.

3. Results

3.1. Effect of cyclic prestraining on creep behavior

Typical creep curves after cyclic prestraining are shown

in fig. 4 for 0, 13 5, 450 and 900 preceding fatigue

cycles. The main effect of cyclic prestraining is a de-

crease in creep loading strain. The steady state creep

rate is only slightly affected. For creep rupture life

cyclic prestraining has a beneficial effect at cycle num-

bers less than 450 (N/N, ratio = 0.4) The reduction of

creep rupture life at 900 prior fatigue cycles (N/Nf
ratio of 0.8) may be attributed to cracks which have al-

ready formed during fatigue loading. Cyclic preloading

somewhat reduces the total elongation at rupture. This

is, however, mainly caused by the lower loading strain,

since the creep strain at the transition to the tertiary

creep stage for N £450 is about the same as for the un-

cycled condition.

3.2. Effect of creep prestraining on fatigue behavior

As can be seen from fig. 5, creep prestrain leads to

a hardening of the material. The maximum stress for

the initial fatigue cycle is increased from about 14

to above 30 Kp/mm . For the prestrained condition,

there occurs only slight cyclic hardening with increas-

ing number of fatigue cycles. The saturation stress is

reached after a smaller number of cycles as for the un-

strained condition. Creep times less than 30 h (t/t,

ratio = 0.16) increase the number of cycles to fracture,

longer creep times lead to a reduction of the number of

cycles to failure. It should be mentioned, however, that

due to the elongation of the specimen gauge length during

prior creep loading the actual strain range of precrept

specimens is somewhat less than for unstrained specimens.

For this reason the number of cycles to failure are not

directly comparable.

3.3. Behavior under alternating creep and fatigue loading

Typical curves for creep and cyclic behavior under alter-

nating loading are shown in fig. 6 and 7. Insertion of

cyclic straining between creep loading periods leads to

a softening of the material with respect to creep resist-

ance. This is shown in the reappearance of a primary creep

stage, an increased loading strain and a slightly in-

creased secondary creep rate. A similar softening effect

is observed when cyclic loading periods are interrupted

by creep straining. In this case the maximum stress during

the initial cycles is lower than before creep straining.

However, after 10 - 20 cycles the original value is re-

attained.
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3.4. Calculation of damage factors D

For all tests the rupture data were used to calculate

damage factors D by applying a linear damage rule of

the form:

D = t/t. N/N,

where t is the total creep time, N the total number

of fatigue cycles, tf the creep rupture life for the

stress applied and N^ the number of cycles to fracture

at the strain range of 1.2 %. The D-values thus deter-

mined are shown in fig. 8 together with the best fit

curve and the line corresponding to D = 1. The scatter

of the data is relatively large with values varying bet-

ween 0.8 and 1.6. This represents a maximum .difference

by a factor of 2. There is a tendency of high values to

occur at low ratios of creep and fatigue damage and low

values to occur at equal amounts of creep and fatigue

damage. However, the best fit curve lies above the line

for D = 1.

As already printed out, the elongation of the specimen

gauge length during creep loading leads to a reduced

actual strain range in a succeeding fatigue test. A smaller

strain range corresponds to a higher N^-value and there-

fore to a lower N/Nf ratio. Using the measured values for

creep strain and strain range versus Nf-curves, corrected

values for N^ were determined and used for calculating

modified N/N^-ratios and D-values, respectively. The re-

sults are shown in fig. 9. It can be seen that the cor-

rection leads to lower D-values for creep-fatigue and

alternating tests. Although the best fit curve still lies

above the line for D = 1, all the values for alternating

loading fall below D - 1. The ASME creep-fatigue inter-

action curve represents a lower bound of all data. Since

alternating loading tests represent more closely reactor

operation conditions than the two other types of loading

the results of the former tests are regarded most signifi-

cant for design considerations. The evaluation of the D-

values obtained in our tests therefore leads to the con-

clusion that in design D-factors £ 1 should be used and

that the D-factors given in the ASME Code can be regarded

as a conservative lower bound.

4. Conclusions

a) Cyclic preloading has no detrimental effect on creep

behavior if the fatigue damage ratio N/N, is less

than 0.4.

b) Creep prestraining damage ratios less than 0.16 lead

to an increase, damage ratios above 0.16 to a decrease

of the number of cycles to failure. If the elongation

of the gauge length during creep preloading is taken

into account, all precrept specimens have a reduced

fatigue life.

c) Under alternating creep and fatigue loading the inser-

tion of cyclic straining between creep loading periods

and of creep straining between fatigue loading periods

leads to a temporary softening of the material.

d) The D-values that were obtained show a relatively large

scatter and depend on the type of test. Fatigue-creep

loading gave D-values greater than 1, whereas alter-

nating loading lead to D-values that were less than

1, especially when the gauge length elongation during

creep loading was take into account.

e) Since alternating loading represents most closely

reactor operation conditions, the results of those

tests are most significant for design considerations.

With this in mind an evaluation of the data leads to

the conclusion that the D-factors given in the ASME

Code for creep-fatigue interaction are applicable and

can be regarded as representing a lower bound for the

data of X 6 CrHi 1811.
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f) Further tests will be necessary to check the general

validity of the results at other temperatures, stresses

and strain ranges and under combined loading conditions.

Such tests are presently in progress.
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1-3 Some Aspects of the CEA M. Weisz
Investigations on the Me-
chanical Behaviour of 3I6
Steels in the Medium Tem-
perature Range

I. - Creep behaviour, under variable stress, of 316 steels -

When one wants to calculate a low value of creep deformation

^elosv 2 %) for 316 it is not correct to use the very simple equations

üdsed on linear creep regimes such as the Norton low.

Working in the primary creep region we have to choose between the

limiting cases of strain and time hardening.

A detailed analysis of the primary creep of 316 in the

range of 650-700°C shows that the deformation £ can be described

by

£.= Bj f t +B (1 - e>.p B t) I (1) where Bj are
stress (rj-) and
temperature dependant
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From (1) one can calculate £-for a given <S~(t) and check if ' ' f'ts

with the experimental results. For purpose of simplicity we have used

a linear fonction <o"= Kt (where K is positive). The general conclusion

of that work is that strain hardening represents quite well the experi-

ments. Fig. (1) gives a typical example.

Such a method is heavy to handle and we have tried a simpler

one :

The experimental relationship between rt^and the time t
' n1

to reach £ . can be well represented (fig. 2) by tc". = C CJ'

For 0, 05 %<£. <0, 5 % we can define a "mean" creep rate

where C „ = ——.— n = - n .

Equation (2) can be integrated for a given ^"(t). Taking again

the case of (f"= Kt one can see on fig. 3 that the experimental curve



lies between the curves computed for two rieighbourirj; values of <£;

(0, 1 % and 0, 2 %). This method applies as well for biaxial stressing

( = ~r~ ) and very low creep rates (fig. 4).

II. - High temperature mechanical properties and allowable stresses

and strains for welds -

"We report here results on manual welds which have been

extensively used for the prirrary circuit of the Phenix reactor. We took

our specimens from a mold mechanically restrained, which has been

deviced to allow transverse specimens to be cut. We have checked that

the properties of this material are very similar to those of production

welds.

Tensile properties.

Typical values are reported on fig. 5. The

main comments are :

- directional effect,

- the yield strength (Re) is much higher than that of base
metal due to residual cold work and austenoferritic structure,

- the allowable stress is governed by UTS (R ),
m

Creep strength.

We were wondering about the possibility of

a concentration of deformation in the weld, under a thermal stress field

as a consequence of a kind of elastic follow up mechanism. An elementary

calculation shows that, for the simple case of a bar (fig. 6), the strain

concentration factor is :

K =

K c< 1 +

if L the geometrical factor is large

x +r
creep rate of the weld

creep rate of base metal
Therefore in our experimsntal work we focused on the stress-strain time

relationship as well as on the more popular stress-rupture tests.

Typical results are shown on fig, 7.

The minimum properties are obtained in the longitudinal

direction ; the limiting factor for the allowable stress are stress rupture

properties (for the base metal it is<Tl %).

On fig. 9 a general comparison of creep ductility of base

metal and welds is made on the basis of the elongation at the end of

secondary creep which is, in our view, the most significant. It happens

that, for practical conditions as a fast reactor vessel (550°C), welds

and base metal looks very similar.

The allowable stresses of the welds are reported on fig. 9

together with that of 316 Land 316 (Code Case 1592J. Here again we get an

excellent compatibility across a welded joint.

Fatigue behaviour,

- Base metal (316 L.) -

- Fig. 11 and 12 give the high strain fatigue curvi-
between 20° and 600°C

- Fig. 13 is a good example of the very cyclic
hardening of that type of material connected
to the size of cells as observed by elctron
microscopy.

30

- Weld -

- The cyclic hardening is much less (fig. 14)
and the fatigue strength is nearly athermal

- Fig, 16 gives a general comparison of the
results on the ' w o oase metals and the weld
at room temperature.

The general conclusions on weld behaviour are :

- 1 * / Our experience does not justify any

difference in the monotonic strain limit between base metal and weld ;

- 2°/ Welds may have lower limitations as far

as low cycle fatigue is concerned.

J



III. - Creep - Fatigue Interaction - Evaluation of a damage factor -

This is only preliminary results on 316 L at 600°C.

- Effect of hold time tTT

ri
- on number of cycles to rupture N (fig. 17-18)
- on cyclic hardening (fig. 19)
- on fracture mode

- Discussion on additivity of creep and fatigue damage in such
experiments.
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I-k Derivation of Time Depen-
dent Design-Values for SNR
300 Structural Material

Abstract

H. Lorenz
H. Breitling
E. ie Heesen

Federal Republic
of Germany

Time-dependent design values were derived from long-term creep

rupture data for steel X 6 CrNi 1811 in the unwelded and welded

condition. The design values had to satisfy the ASME CC 1592

criterea with respect to creep rupture strength, time to reach

1 %> strain and transition to tertiary creep as well as the

requirement of German regulatory rules to properly account

for weld behaviour.

For the evaluation and extrapolation 2 proven computer

programmes were used. The design data derived under considera-

tion of weld joints show relative good agreement with the

values of ASME CC 1592. Consideration of welds leads to lower

design values above 55O°O and 5 x 1Cr h with the difference

between rolled and weld material becoming larger with Increasing

time and temperature.

Objective of evaluation

Deviating from commonly used procedures in accordance

with German design rules and regulations of ASME code

section VIII /~1_7 "the design rules of code case 1592

for high temperatur class I components of nuclear power

plants assume lowered design stresses /~2,';5,4 J. Instead

of mean values for creep rupture strength and 1 % strain

limit, the minimum values are used for establishing

allowable design stresses.

The requirement of using minimum values has been adopted by

the German supervision authorities. In practise it

means that the stress to rupture values given in the

VdTÜV - data sheet for the steel X 6 CrNi 1811 (Hat.

No. 1.4948, comparable to AISI 304 H) /~5_7and designated

as average values have to be lowered by 20 i>. For design

applications the values derived in this way have to be

divided by a safety factor of 1,5.

In addition to the requirement of ASME CC 1592 German
regulations specify for"full stressed weld joints"

above 55O°C a further reduction of the time dependent

stress values by 20 io /~6 7'•

Because the combination of the ASME regulations and

German rules leads to unacceptably low design Btresses,

a new up-to-date evaluation of creep to rupture tests

on steel X 6 CrNi 1811 has been made, taking into

account the requirements, especially for weld joint

consideration, of both German and ASME CC 1592 regulations.

2. Data used

37

For the evaluation all long-term creep and creep-rupture

data available for steel X 6 CrNi 1811 (Mat. No. 1.4948)

from casts of German steelmakers were used.

2.1 Rolled material

For establishing design stresses the results of creep

rupture tests of a total of 9 different heats and 11

different product forms of steel X 6 CrNi 1811 have been

evaluated. Part of the rests have been carried out

under contract of the GfK Karlsruhe and the working

group on heat resistant structural steels, the other

were private tests of steelmakers. The results of the

latter were made available to us by the Society of German

Metallurgical Engineers /~VDEh_7. Additional creep

rupture data on 1.4948 were obtained from the metal

institute TNO in Apeldoorn, Netherlands and from tests

carried out at INTERATOM.

2.1.1 Characterization of material

The majority of the material tested was in the form of

hot rolled plates with a thickness of 20 mm and

supplied by 3 different steelmakers. Concerning

chemical composition, especially with respect to the

C-content between 0,04 and 0,06 ^, the steels satisfy



the requirements specified by ISTERATOM for the use of

this steel in sodium /"table 1_7. The mechanical properties

determined at RT in the aa-received condition lie

within specification limits with the exception of the

TNO-material, which doesn't quite, meet the requirements

for 6"Q 2 anc* ̂  1 * ̂ h*8 fact should be regarded positively,

since it means examining a heat which represents the

lower bound in the ae-received condition.

2.1.2 Creep rupture data

A total of 204 creep rupture resultB in the temperature

range between 500 and 800°C were included in the evalu-

ation. The longest creep rupture time of >• 37000 h

occured at 600°C.

While all of the 196 values were used for the Larson-

Miller regression analysis, for the Texpo-programrae

some data didn't satisfy the condition that results from

at leaat 3 temperatures (for each heat) must be present.

For this reason all the data from INTERATOM as well as

the data from one VDEh-heat were omitted for the latter

programme.

2.1.3 1 $> strain limit data

The evaluation is based on 99 individual data points.

When arranging the data according to temperature and

time, it is seen that there is a relatively large number

of tests with timea>30000 h. However, the number of data

points in the temperature region of main interest, i.e.

below 600°C, is relatively small and mainly limited to

one heat. This fact is related to the creep behaviour

of steel X 6CrNi 1811, i.e. the unfavorable ratio

Gi +/G'B + at low temperatures. Stresses that correspond

to creep rupture times of 10000 h and more, lead to

plastic loading strains of several percent, so thai ' \ia

1 $> strain limit is exceeded before actual creep begins.

The determination of the 1 i° strains limit data at

TlfO and INTERATOM was done by continuously measuring

creep strain during creep rupture tests. In all other

tests the creep strain was determined by removing the

specimens from the creep machines. This made it

necessary to interpolate the 1 <f> strain limit from

available points of the creep curve. Compared to the

creep rupture data, the strain limit data will therefore

have a greater scatter band.

2.2 Welds

To establish design values, results of a total of 5

different weldments were evaluated. Two of the weldments

were tested by the "YDEh-working group for heat resistant

structural steels" under contract from GfK in Karlsruhe,

the other 3 were examined by INTERATOM. For the weldments

used in the VDEh-tests a welding electrode with the

designation ATS 4 /"Deutsche Edelstahl Werke_7 had been

employed, whereas for the weldmentu examined at INTERATOM

a welding electrode with the designation Fox ON 1811

(Bb'hler) had been used,

2.2.1 Characterization of material
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Table 1 shows the chemical composition of the filler

material in comparison to the base material. According

to the specifications the parent-like filler material

has about 0,5 $ more Cr and 1 i> less Ni than the wrought

material. The ef -ferrite content measured was about 7 'f>

for the ATS 4 electrode and about 5 # for the CN 1811

electrode.

The mechanical properties of weld specimens at RT

lie within the specifiation limits for wrought material

with respect to strength as well as ductility criteria.

The values for strain limits and rupture elongation are

mixed strains composed of base and weld metal fractions.



According to experience the ratio between the strains

occuring in the base material and the strain occuring

in the weld material is about 2 : 1 for the gauge length

of the specimens used.

2.2.2 Creep rupture data

A total of 67 creep rupture data points were available.

Rupture times ranged between 168 and 29.989 h.

2.2.3 1 i* creep strain limit data

A total of 29 data points were used for the evaluation

with. 1 i° creep strain times between 140 and 14000 h.

3. Evaluation procedures

Concerning the extrapolation to longer design times 2

different evaluation and extrapolation procedures

were applied and compared:

- regression analysis with Larson-Miller parameter

- extrapolation programme Texpo from Granacher

In evaluating the results of weld specimens only the

Larson-Miller regression analysis was applied.

3.1 Regression analysis with Larson-Miller relationship

The procedure is based on the application of a time-

temperature parameter ?, where P is defined as

follows:

P = T /~C + lgt_7

G is a constant, t iB the time /"in h 7 and T is the

absolute temperature /~0]? + 460 7.

For the data analysis a best-fit master curve was

determined by optimizing with a computer programme the

constants a; in the 3rd order equation of the form /~7_7:

3.2

3.3

Igt = - C + a6- } + &1 • ilg(TB + a2(l) (lg(TB)
:

* a3 1 (lgCTB)3

For C a value of 18 was used [~1 jj.

Evaluation with Texpo-programme of Granacher

The Texpo programme of Granacher uses special model

functions of the form Igt = Zi (T,6"B) for analysing

creep data. T and 6"^ are independent variables

Igt is the dependent variable. The constants are

optimised with the method of least squares. To extrapolate

to very long times the mean of several (in general 4)

model functions is used. It is assumed that by taking

the mean of several functions instead of only one, a

more reliable prediction of material behaviour can be

obtained.

As an example for a model function the expression for

the function Z1. is given below:

Igt = y0 + b1 G(C) + b 2 G(C) J + b 3 G((T) J2

T
1000

G (G-)

g (6-) = lg sin h (<S/C0)

0,2K g ((Tmax) - g (C-)

" e ( min)

fflax
andyo, b1, b2, b^, K and C Q are constants,

G" . are maximum and minimum stress values, respec-

tively that are used in the creep tests.

Calculation of mean values

Mean values were determined with the Larson-Miller

regression analysis and the Texpo-programme. The
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Larson-Miller analysis was done as described in 4.1.

For the Texpo-programme the model functions Z..«, Z.. .,

Z.]g and ZOQ were used, the exact form of which can be

found in £~Q_7. In the case of the Texpo-programme each

heat was separately analysed and mean curves for all

heats were obtained by averaging in log 0" .

3.4 Determination of scatter bands and lower bounds

For technical reasons a straight forward calculation of

standard deviations and confidence limits from the

distribution of the data was only possible with the

Larson-Miller regression analysis. It was assumed that

the data are normally distributed in logt t;as proposed

ixi /~9_7 the lower bound was positioned at 1,65 x S

^~S = standard deviation 7'• This value corresponds

to a confidence limit of 95 i> - i.e. 95 i> of the

values can be expected to lie above the lower bound.

This condition meets the requirements specified

in /-2_7.

To define minimum, i.e. lower bound values in the case

of the Texpo programme, mean values were taken as

basis and reduced by 20 #.

3.5 Derivation of design stresses

For base material the extrapolation programmes used to

establish design stresses were the Larson-Miller

regression analysis for the creep rupture data, i.e.

the Texpo programme for 1 fo strain limit data, respec-

tively. In both cases the design stresses were derived

from the lower bound of the experimentally determined

scatter-band.

Based on the results of Leyda and Rowe, the criterion

of transition to tertiary creep has been regarded as not

relevant for design purposes.

The safety factors used for deriving design stresses were

1.5 with respect to the creep rupture values and 1.0

4.

with respect to the 1 i> strain limits.

Results of evaluation
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The results of the evaluation of the creep and creep

rupture data for steel X 6 CrNi 1811 can be summarized

as follows:

4.1 Rolled plate material - unwelded

Fig. 1 shows a Larson-Miller-parameter plot of the

creep rupture data together with the best fit curve.

The evaluation of the test results and taking the

lower of the value for 1 $ strain, limit or creep rupture

strength divided by 1.5 lead to the stress values

listed in table 2.

4.2 V/eld specimens

For the weld specimens, too, the Larson-Miller-function

fairly well describes the creep rupture data. This can

be seen from the scatter bandB and the results obtained

/"fig. 2_7.

4.3 Comparison between rolled and weld material

Fig. 3 shows a comparison of the Larson-Miller master

curves for the creep rupture strength of rolled and

weld material. The lower strength of weld specimens

at higher P-values is evident.At 500°C and 105 h the

stress rupture strength is about the same for both

conditions, whereas at higher temperatures and longer

times the strength of the weld material falls below that

of the rolled material.

With respect to the 1 $> strain limit, the values for the

weld material are always higher than those for the

base material.

The difference in creep rupture strength between rolled

and weld material is significant and should be taken

J



into consideration when defining design values for

weldments of steel X 6 CrNi 1811.

An examination and comparison of the scatter-bands shows

that the scatter-band-width can be assumed to be equal

for both material conditions. It is therefore possible

to express the difference between welded and unwelded

material by the ratio of the average values. From the

time dependent stress values of the Larson-Miller-

regression analysis a weldtaent factor F™. was deter-

mined:

p = 5t,W
W;i O"t,B

It was found that the factor Fw depends on

- type of stresB value

- temperature

- test duration

( C 1 . G'-D
1 1 « I OtT

Fw- does not depend on statistical significance (mean

value, lower bound). For the 1 # strain limit the

factor IV,. was always greater than 1.
"3

In the following the factor S1^. was determined from

the mean values of the regression analysis 3ince mean

values are more meaningful for welded joints. In

addition the i1^.-factors based on mean values were

highly more conservative than those based on lower bounds.

Deriving design values for welds the time and temperature

dependency was adjusted in order to obtain smooth curves.

The design stress for weldments was then defined by the

relation.
st w = FWi* st v.

The values obtained in this way are tabulated in table 3

and plotted as isothermal and isochronous curves in

fig. 4 and 5, respectively.

Fig. 6 shows a comparison between design values Ŝ .

determined for welded and unwelded material of

X 6 CrNi 1811 for temperatures between 500 and 75O°C

and design times between 10 and 2 x 10' h. It can be

seen that above 55O°C the design stress for weld joints

is lower than that of wrought material, the difference

increasing with temperature and time. However, above

700°0 the difference in design stresses again becomes

relatively small. This is due to the fact that at this

temperature and above the design stress for wrought

material it is still based on creep rupture data.

4.4 Comparison of design values for steel X 6 CrNi 1811

with design data of ASME Code Case 1592 for AISI 304- as.

4.4.1 Base material
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4.4.2.

For a design time of 10 h the design stress curves for

X 6 CrNi 1811 and the stress values for AISI 304 ss

as given in ASME CC 1592 are practically identical

/"fig. 7_7. In the temperature range between 550 and

75O°C the difference is less than 5 <f>. Below 55O°C

the difference increases to about 10 <f> with X 6 CrNi 1311

displaying higher stress values.

At longer design times the values for both materials

don't differ at temperatures of 500 - 55O°C and

700 - 75O°C; at intermediate temperatures the stresses

for X 6 CrNi 1811 lie above those for AISI 304 ss. The

maximum difference is 30 # at 55O°C and 2 x 10^ h.

/"fig. 8_7

Weld joint

The statements made in 4.4.1. are essentially valid

for the welded condition, too. The maximum difference

amounts to about 10 i> at 75O°C.

At 2 x 10' h, where there is a marked time-dependency

of the F^.-factor the values for X 6 Cr Ni 1811 in welded

condition and for 304 ss from ASME CC 1592 are the same.

From 500°C up to 65O°C the differences for 2 x 105 h-data

are less than 10 $ whereas material X 6 CrNi 1811

in welded condition has the lower values.



Summarizing it can be expressed that the time-dependent

design data of AISI 304 ss as given in ASME CC 1592

are conservatively established for an unwelded condition.

If the behavior of weld joints is considered, for which the

ASME CC 1592 gives no special data, there is good

comparability and consistency of the design data for both

materials.
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Design stresses for A1SI 3QXss and
X6CrHiW! ur,*elded and welded

Fig. 7

Table 1 Specifica-tion of Sim 300 Structural Material

DIN X 6 CrNi 1811, Mat.No. 1.4948

Material

Wrought

Weld

Content in Weight <f>

C

0,04
0,07

0,03
0,07

f.r

17,0
19,0

17,5
19,5

Hi

10,0
12,0

9,0
11,0

Mn

o
 

o
CM

 
C

M
M

l 
M

l

S i

£0,75

Mo

o
 

o
in

 
in

d
 

d
M

i 
M

l

P

£0,030

£0,025

S

£0,020

£0,015

Ti+Ta + Nb

^0,10

"0,10

S.J. Allowalble StreBS Values

—S.-olu* Xttss-äSXE CCI5«

I

- to1*
- ID'h
- 2.10'n

I

5 .oo

Comporston of ollowable design stresses for
AISI 30iss and X6CrNtl811

Table 2

Wrought Material

Temperature
°C

500

550

6 0 0

650

700

750

10 5

137

1 H

91

64

42

27

1 0 *

118

97

74

49

28

17

Stress (N/mm )

105

91

77

54

34

-

-

2.105

90

74

48

30

-

-

Table 3

Weld Material

for time (h)

10 5

137

114

86

57

36

22

10*

118

94

61

39

23

13

10 5

91

69

43

26

-

-

2.105

90

61

38

22

-

-



1-5 Constitutive Equations for
Describing High-Temperature
Inelastic Behavior of Struc-
tura l Alloys«

E. H. Robinson
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J. M. Corura
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ABSTRACT

This paper addresses constitutive equations for the de-
scription of inelastic behavior of liquid-metal-cooled fast
breeder reactor (IMFBR) structural alloys at elevated tempera-
tures. Both elastic-plastic (time-independent) and creep
(time-dependent) deformations are considered for types 30U and
3I6 stainless steel and 2 l/k Cr-1 Mo steel. The constitutive
equations identified for interim use in design analyses are
described along with the assumptions and data on which they
are based. Areas where improvements are needed are identified,
and some alternate theories that are being pursued are outlined.

1. H1TR0DUCTI0H

Because of the relatively high temperatures, large temperature dif-

ferentials, and good heat transfer characteristics associated with some

liquid-metal-cooled fast breeder reactor (IMFBR) components, the inelas-

tic behavior of structural metals is a significant consideration in design.

In particular, components may exhibit both elastic-plastic behavior and

time-dependent creep response. The ASME Code Case 1592 considers these

aspects of inelastic behavior in criteria for determining the acceptability

of stresses and strains. However, detailed inelastic analyses may be re-

quired to demonstrate conformance with these criteria, and the code case

does not specify the techniques and methods to be used in performing these

analyses.

•Research sponsored by the U.S. Energy Research and Development Ad-
ministration under contract with the Union Carbide Corporation.

In this regard, mathematical descriptions (constitutive equations)

of the multiaxial stress-strain response of materials to time-varying

load and temperature histories are required. The High-Temperature Struc-

tural Design (HTSD) Program at the Oak Ridge National Laboratory (ORHL)

has the responsibility for developing and validating constitutive equa-

tions for use in the design of MFBR components in the United States. As

constitutive equations and guidelines for their implementation are de-

veloped, they are placed in RDT standards such as F9-5T (Guidelines and

Procedures for Design of Nuclear System Components at Elevated Tempera-

tures). The objectives of using reference constitutive equations through-

out the reactor project are to enhance consistency among component designs

and to, hopefully, have at all times the best possible methods available

to design analysts.

Currently, interim constitutive equations have been recommended for

describing the inelastic behavior of types 3OI+ and 316 stainless steel and

2 l/U Cr—1 Ho steel. In general, the equations are recommended on the

basis of their ability to represent the characteristics of material behav-

ior observed in various uniaxial and biaxial exploratory tests. The ap-

propriateness of the methods is evaluated further through structural tests

of specimens whose geometries and loading histories extend from simple to

complex. More experiments have been completed for type 30U stainless steel

than for the other two materials. Hot only are fewer data available for

2 l A Cr-1 Mo steel than for type 304 stainless steel, but the overall

characteristics of inelastic behavior are more complex for this material.

Some of the complexities are attributable to aging processes that depend

upon strain and temperature histories.

Initial recommendations were made for the stainless steels to meet

design needs of the Fast-Flux Test Facility (FFTF).1 These recommenda-

tions were updated2 for use with the Clinch River Breeder Reactor Project

(CRBRP), and initial recommendations3 were also made for 2 l/U Cr—1 Mo

steel in connection with the CRBRP. Background information for the recom-

mendations, including relevant experimental results, is contained in Refs.

k through 8 as well as Refs. 1 through 3. Of course, performance of inelas-

tic analyses as part of design processes requires, in addition to the mathe-

matical framework provided by the constitutive equations, material properties

data. The Nuclear Systems Materials Handbook is the repository for this

information.
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Present equations and methods are considered to be interim, and im-

provements are expected to be made as more is learned about the high-tem-

perature behavior of these materials and the theoretical means of repre-

senting the observations. Some of the shortcomings of the present methods

are identified in this paper along with discussion? of concepts that show

promise of leading to improvements. Robinson9 provides further discussions

of these concepts in connection with 2 l/k Cr—1 Mo steel.

2. CURRENTLY RECOMMENDED CONSTITUTIVE EQUATIONS

Although differing in detail, the recommended constitutive equations

for types 301* and 3I6 stainless steel and 2 l/U Cr-1 Mo steel prescribed

in Refs. 1 through 3 are basically of the same form. The equations as

stated in these references are limited in application to infinitesimal

deformations, and they rest on the fundamental assumption that the total

strain rate* e..(or strain increment) consists of four additive contri-

butions - thermal, elastic, plastic, and creep. Thus,

= et. + e?. + £? (1)

Although each contribution is treated as being essentially independent,

provision is made in the recommended procedures for limited interaction

between the plastic and creep contributions.

The thermal contribution is treated in the classical manner, that is,
T

the thermal strain rate £i. is assumed isotropic and given by

e.. = as..T , (2)

where a, the coefficient of linear expansion, generally depends on tem-

perature .

The elastic part- e. of the total strain rate is given by

•e 1 + v • v .
(3)

in which v is Poisson's ratio and E is Young's modulus. Under nonisother-

mal conditions the elastic "constants" need to be known as functions of

*Identical notation is used throughout. Repeated indices imply sum-
mation and 5i;j symbolizes the Kronecker delta as commonly defined in Car-
tesian tensor notation.

temperature, that is, v(T) and E(T). Equation (3) embodies the assumptions

of linearity, time (or rate) independence,* and full isotropy.

The specification of the plastic strain rate e?. follows from the

concepts of classical plasticity and is thus also inherently time indepen-

dent. The most commonly written form' of the recommended yield function
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in which the a'. represent components of the stress deviator. The depen-

dence of F on the stress deviation alone implies insensitivity of yield

to hydrostatic stress.

With the hardening coefficient C taken to be constant, that is,

independent of deformation history, plastic hardening is linear and, when

coupled with linear-elastic response, constitutes a bilinear idealization

of elastic-plastic behavior. This is depicted in Fig. 1 in which a bi-

linearized, uniaxial stress-strain curve (corresponding to a fixed tem-

perature) is shown. Mote that C is determined from the respective moduli

(E and E ) of the bilinear segments, and < is related to the yield stress

Y of the idealized curve.
OR'lt. D

1

c =

K =

*C 76-602»

3(E-ET)

Y2

3

Fig. 1. Bilinear idealization of uniaxial stress-strain curve giving
definition of < and C.

^Although Eq. (3) is written hare in terras of rates, the elastic re-
sponse is time independent.

The form of the yield function F(oij -
ll f d t k i t i h

= < is due to Prager1

and is generally referred to as kinematic hardening. A specialization of
this, given by Eq. (k), is seen to reduce to 1/2 cy^ij 3 J 2 = < in the
undeformed (e?j = 0) state, a form which is associated with the name von
Mises. The alternative Tresca or maximum shear stress form of Prager's
kinematic-hardening law is also admissible for use in analysis (Refs. 1
through 3 ) .



K (and hence Y) is taken to depend on temperature as indicated in

Eq. (U). Provision for C, the hardening coefficient, to tie temperature

dependent is also made in the current recommendations;1"3 however, a rea-

sonable idealization results in most cases by taking C independent of

temperature. This idealization is illustrated in Fig. 2 where the slope

(E = 3C/2) of the uniaxial a vs e curves is plotted independent of tem-

perature, whereas the yield stress Y is not. In the case that E T « E,

the constancy of C with temperature implies that the uniaxial tangent

modulus E is also nearly temperature independent.

With K taken to be independent of deformation history, the yield

function Eq. (1+) represents true kinematic hardening. Geometrically,

this is characterized by the yield surface remaining of constant size

and translating in stress space as plastic deformation takes place. This

provides a good first-order description of the subject metals;1"3 however,

under cyclic loading, changes in the size of the yield surface as defined

by the bilinear representation are also observed, that is, some isotropic

Fig. 2. Uniaxial stress vs plastic strain, illustrating idealization
in which C is considered independent of temperature but the yield stress
Y is not.

hardening occurs." To account for this, ad hoc rules are provided1"3

which allow for abrupt (or alternatively, continuous) changes in the value

of K (or equivalently in the size of the yield surface) as plastic strain

is accumulated. These changes in the yield locus are not accompanied by

associated plastic strain, which is not entirely in keeping with classi-

cal plasticity theory; however, such changes are deemed necessary, on

practical grounds, to better represent the observed uniaxial, cyclic re-

sponse of the alloys of concern. Studies are currently being directed

toward a combined kinematic and isotropic hardening model in which < is

taken to depend on plastic strain e?. and the associativity of the yield

function and the flow law is maintained, as prescribed in classical plas-

ticity theory.

As indicated above, allowance for a limited interaction of plasticity

and creep is provided. This is accomplished by allowing K, in effect, to

depend on the accumulated creep strain £.., thus allowing (isotropic) hard-

ening in a plasticity sense, through the occurrence of creep strain. In

principle, translations of the yield surface may also accompany creep strain,

in which case the yield function F should be taken as depending, not on

plastic strain alone, but on the total inelastic strain, that is, includ-

ing creep strain. This feature is embodied in recent developments concern-

ing a combined creep-plasticity theory. This will be discussed in a sub-

sequent section.

The flow law associated with the yield condition Eq. (It) may be writ-

ten as
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=<
if F = K and - Cef .) -§3*>°' (5)

if F = « and (0^ - C e * . ) ^ - ff T * 0 ,

I if F £ •< .

This incorporates the principle of "normality" of classical plasticity

theory and is consistent with the stz'ain and temperature dependence indi-

cated in Eq. (It). Ar i,-~l~tsd out above, it does not reflect the depen-

dence of < or C on deformation history.

The plasticity model outlined here is based upon several assumptions,

some of which have already been stated. The principal assumptions are

enumerated here for convenience and are (1) time independence, (2) insen-

sitivity of yield to hydrostatic stress, (3) initial isotropy of the ma-

'In the case of 2 l/lt Cr-1 Mo steel (isotropic), softening may also
occur under some conditions.3



T_
terial, and (1*) linear kinematic hardening.

The creep contribution e° to the total strain rate characterizes

the time-dependent aspects of the high-temperature behavior. The recom-

mended form of the creep constitutive law is based on the classical strain-

hardening theory and its application is limited to the primary and secon-

dary stages of creep. The creep "flow law" as stated in Refs. 1 through

3 is

(6)3 f(g,
2

T)

in which

and'

o= 73/2 (7)

ij£ji * ( 8 )

Creep flow depends only on the components of the stress deviator, in anal-

ogy to plastic flow, and so is independent of hydrostatic stress. The

components of creep strain rate are proportional to those of the devia-

toric stress, according to Eq. (6), and furthermore the magnitude of the

creep rate depends only on quantities related to the second principal

invariants of deviatoric stress and creep strain [Eqs. (7) and (8)].

The latter fact implies 1M11 isotropy of the material in creep.

The function f in Eq. (6) represents the creep rate ec in -cmiaxial

tension (or compression); that is, under the uniaxial stress a Eq. (6)

reduces to

a, eC, T) , (9)

in which e is the corresponding extensional creep strain. Thus, f can

be determined on the basis of uniaxial creep tests conducted at constant

a and T.3>5'ls

Difficulties arise in taking the effective creep strain 7° itself

as the measure of hardness (or "state of hardness") in Eq. (6). These

occur mainly under histories involving stress reversals. For example,

consider the situation where t has attained a particular value at some

point prior to a "stress reversal."'" Upon directly reversing the stress

and thus accumulating creep strain of opposite sign, 7° decreases,

*As outlined in Refs. 1 through 3, the components ejj in Eq. (8) may
be interpreted as total creep strain (primary plus secondary) or as pri-
mary creep alone.

The definition of a stress reversal in a multiaxial sense is given
in Refs. 1 through 3.

•eventually becomes zero, and begins to increase once again (e is, of

course, always positive, Eq. (8)]. Assuming, as is generally the case,

that f is a decreasing function of i°, the sequence described above leads

to creep rates which first increase with strain (soften) and finally de-

crease with strain (harden), all under a constantly applied stress. This,

of course, is not observed in real metals.

To overcome this difficuLty and to provide a suitable representation

of available cyclic creep data, a set of ad hoc auxiliary hardening rules

have been prescribed in Refs. 1 through 3 which, in effect, provide for

an immediate change in the hardening measure upon reversing the stress.

For example, in the uniaxial case, when a tensile load is present the pro-

cedures measure the strain hardening relative to the maximum compressive

creep strain that has been encountered, and when the load is reversed into

compression the strain hardening is measured relative to the maximum ten-

sile strain that has been encountered.

Similar questions concerning the interaction of plasticity and creep

arise with regard to Eq. (6) tha't were addressed previously regarding Eqs.

(It) and (5). Current rules do not take into account effects of plastic

strain on subsequent creep response since available data, at least for

type 30U stainless steel, do not show the effects to be large. However,

as more is learned it may be necessary to allow f in Eq. (6) to depend

not on (effective) creep strain alone but also on accumulated plastic

strain.

3. EXPERIMENTAL BACKGROUND

Broad testing has been underway for type 30U stainless steel and

2 l/U Cr-1 Mo steel to supply experimental bases for identifying practi-

cable constitutive equations and establishing improved representations.

Fewer tests have been performed for type 316 stainless steel to date, but

increased emphasis is projected in future studies. The major intent of

the experiments is to reveal fundamental characteristics of the inelastic

behavior of these alloys so that appropriate variables can be identified

and mathematical frameworks formulated. Efforts to minimize variability

between experiments include use of reference heats and uniform pretest

heat treatments. Specimens subjected to homogeneous, but time-varying,

uniaxial and biaxial stress states provide the basic data for equation

development. Results from tests of structural specimens are used to fur-

ther evaluate the applicability, especially to conditions of nonhomogeneous

and multiaxial stress. Such structural test results are discussed by Corum

et al. 1 3 in a later paper.
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Significant numbers of uniaxial exploratory tests that have been per-

formed for types 30I+ stainless steel and 2 X/k Cr-1 Mo steel are discussed

by Swindeman and Klueh14 in an earlier paper. Multiaxial elastic-plastic

behavior is studied through combined-load (tension and torsion) experi-

ments with thin-walled tubular specimens. These multiaxial experiments

have bcsn limited to relatively low temperatures (below the creep regime),

with experiments at temperatures to 593°C (1100°F) about to get underway.

Multiaxial creep experiments have been limited to type 304 stainless steel,

and considerable further testing is planned. The following paragraphs

illustrate typical behavioral features observed for type 30I+ stainless

steel and 2 l/k Cr-1 Mo steel and relate these observations to the cur-

rent methods described in the previous section.

With regard to elastic-plastic behavior of these materials, Figs. 3

and h show the responses of annealed type y>h stainless steel and 2 X/h

ORNL-DWG 72-11037

OHM-DAG 74-3254

1.0 1.5
STRAIN (%)

Fig. 3. Tensile curves for type 30I+ stainless steel heat 9T2796.
Reannealed at 1O93°C (2000°F) for l/2 hr and tested at 0.005 min"1.
[1 ksi = 6.895 MPa]

Ci~-1 Mo steel to constant strain-rate loadings for a range of temperatures.

The linear kinematic-hardening model presently adopted results in the use

of bilinear idealizations of these curves. It is evident that such a rep-

resentation does not exactly trace the knee of the stress-strain curve,

but differences are minimized by the use of bilinear representations of

the curves that extend only to the maximum strains expected in design

situations. In comparison with the other uncertainties in representing

the stress-strain curve for a given lot of material, the differences due

to bilinearization are relatively minor.

20 2.5 30
STRAIN (%)

Fig. k. Tensile curves for annealed 2 X/h Cr—1 Mo steel heat 20017,
tested at various temperatures at 0.00h min"1. [1 ksi = 6.895 MFa; °C =
!'F - 32) x 0.5556]

Figures 5 and 6 show stress-strain results for two tests where spec-

imens were cycled at constant strain rates between fixed strain limits,

These results are typical in many ways of those obtained for various tem-

peratures and strain ranges. The stress range increases with accumulation

of cycles after the initial monotonic loading. In the case of type 30k

stainless steel the stress range for continuous cycling at a given strain

range and temperature tends toward a saturated or stable condition. Fig-

ure 8 of Ref. Xh illustrates this at 593°C (1K>O°F) for various strain

ranges. Figure 25 of Ref. Xk illustrates that if the temperature is suf-

ficiently high [above about 1*27°C (800°F) ] the hardening of 2 x/k Cr-1 Mo

T E . E R A U R E . M O O
STfvc N PATE- 0 0 0 5 /

! " T •
I

C°M.-O*!1 T

7 0 ' SPECIMEN SUBJECTED" ~ ' . . .
TO 0 211 CREEP I . . M i l — -

S E N SUBJECTED
TO 0t7.CREEP AFTER
20C»CLES

• « CONTINUOUS CYCLING TESTS
CREEP-PLASTiClT* INTERACTION
TESTS AT 06% STRAIN RaNGE

- 0 1 -02 -Ot Q Ot 02 03
STRAIN TO

ffll TYPiCALC'CLlCSTRESS-STPAiN CURVE
1C6%TOTAL STRAIN RANGE)

5 10 20 50 100 200 "CO
CYCLES

) 'OTAL STRESS RANGE VERSUS 'JUMPEROF
CYCLES

Fig. 5. Examples of cyclic stress-strain behavior of type 30U stain-
less s teel . [1 ksi = 6.895 MPa; 593°C = 1100°F]
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steel specimens will reach a peak and is followed by softening. The soft-

ened stress range tends towards a saturated level which, in general, ex-

ceeds the stress range which corresponds to the initial cycle. Although

data show that these changes include some variation in the inelastic

ranges, the overall features are more like kinematic hardening than iso-

tropic hardening.
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Fig. 6. Cyclic stress-strain curves for 2 l/h Ci—1 Mo steel.

As noted in the previous section of this paper, changes in extent of

elastic regions that correspond to bilinear representations of such cyclic

curves are presently accommodated through ad hoc rules for changing •<.

The primary rule for the stainless steels is that subsequent to first re-

versal of plastic deformation, < is changed from its initial value (<o)

to a different value (<1). <: is selected not only to be representative

of how the material hardens during early cycling but also to account for

softening effects that can occur during hold times at high temperatures.

Whereas accumulated plastic strain produces hardening, hold times at high

temperatures (under zero stress, creep, or relaxation) [see the test rep-

resented by the open squares in Fig. 5(b)J reduce hardening. In the case

of 2 l A Cr-1 Mo steel where softening can occur under continuous cycling,

it is judged necessary to reduce •< from <1 to some smaller value <2 (a

value representative of the softened state of cyclic response) after maxi-

mum hardening or prolonged exposure to high temperatures has occurred. Al-

ternate procedures for both alloys permit changes in < to be made on each

reversal of plastic loadings and, although more demanding on data require-

ments, this approach permits a more flexible representation of the harden-

ing and softening.

Figure 5(b) illustrates for type 304 stainless steel the need for

the interaction rules discussed in the previous section concerning the

isotropic-like hardening that occurs with initial accumulation of creep

strains. A specimen with accumulated creep strain, the open triangles in

Fig. 5(b), shows a greater stress range on initial plastic cycling than

does a specimen without prior creep strain. Eventually, after about ten

cycles in the case of Fig. 5(b), the stress ranges for the two specimens

are comparable. Specifically, the rule employed for the stainless steels

equates < to <2, the hardened value, whenever 0.2^ creep strain has been

accumulated.

Multiaxial behavior of type 304 stainless steel has been examined for

temperatures below the creep regime through tests which involve combined

tensile/corapressive and torsional loading of tubular specimens. Detailed

examinations are made of both the stress-strain responses and yield sur-

face behavior for cases in which the loadings are nonproportional and

cases in which the loadings are proportional. While general comments

follow here for some examples, Liu4 discusses in detail two typical tests

performed at room temperature. Figure 7 shows a portion of the laboratory

in which these multiaxial experiments are performed. Closed-loop, electro-

hydraulic, servo-controlled machines are employed, and extensive use is

made of computer control of the experiments and automatic data recording

and interpretation.

Figures 8 and 9 show experimentally determined initial and subsequent

yield surfaces for type 304 stainless steel specimens subjected to multi-

axial loading histories at temperatures up to 260°C (500^). Stresses

corresponding to approximately 10 Min./in. offset strains are used to de-

fine yield in these studies, and yield surfaces are constructed from a

number of probes made subsequent to selected plastic loadings. As illus-

trated in Fig, 8, the von Mises formulation gives a good description of

initial yield surfaces. Although during plastic loading the surfaces

move and change in size and shape with plastic deformations, the overall

deviations are not large. The general features are again kinematic-hard-

ening like and not much like isotropic hardening. The particular test
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shown In Fig. 8 continued for 17 loading segments and these general fea-

tures continued. Although it is not shown here, the normality condition

for the plastic strain vector has teen observed to hold throughout these

tests.

Equations (6) are based on the premise that stresses and creep strains

are the variables that control creep rates at any given point in a load-

ing history and that auxiliary rules are provided to overcome certain

inconsistencies in applying strain hardening to cyclic-creep loadings.

Figures 10, 11, 12, and 13 illustrate seme comparisons between predictions

made on these bases and experimental result for a variety of uniaxial

loading conditions. It is seen that many features of these rather diverse

data are captured, by the predictions.

Fig. 7.

50

Portion of High-Temperature Structural Design Program

multiaxial testing laboratory.

Fig. 8. Initial and subsequent yield surfaces at room temperature
for type 20k stainless steel. [1 ksi = 6.895 MFa]

By way of exploring the pertinence of stress and creep strain as vari-

ables to predict creep strain rates, consider the experiments shown in

Fig. 1U. Here, two uniaxial 2 l/l* Cr-1 Ho specimens have been given dif-

ferent isothermal [566°C (1050°F)] stress histories as shown in the insets.

The strain response for each is recorded as a plot of log creep strain

rate vs creep strain. In spite of the fact that the two specimens have

undergone different histories, the figure shows that they have "almost"

the same strain rate along the respective segments labeled AB, where each

has the same stress [97 MPa (14 ksi)] and accumulated creep strain f~0.08 -

0.15^). This lends support, at least for some loading histories, to the

use of the creep strain as a measure of the "inelastic state" of the mate-

rial and to the use of the strain-hardening theory of creep for 2 l/U Cr—

1 Mo steel. The concept of exploring fundamental premises through compar-

isons between data sets and -.jithout recourse to analytical manipulations

is considered important here, and one which is planned to be used as ex-

tensively as possible in studies of improved methods.
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Fig. 12. Comparison of experimental data and strain-hardening pre-
diction for stepped stress/temperature tes t on annealed 2 l/U Ci^l Mo
steel . [1 ksi = 6.895 MPa; °C = (°F - 32) x 0.5556]

Fig. Ik. Comparison of creep response (ec vs ec) for two "identical"
annealed 2 l/k Ci>-1 Mo steel specimens given different stress histories at
566°C (1050°F). [1 MPa = 0.11*5 ksi]
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Fig. 13. Comparison of experimental data and strain-hardening pre-
diction for relaxation test on type 30-4 stainless steel. [1 psi = 6895 Pa;
593° C = 1100° F]

Predictions have been made on the basis of other selected constitutive

equations for comparison with results fron available creep tests. Although

inferior predictions have not always resulted from the other approaches,

the total knowledge of behavior characteristics and controlling variables

has not yet permitted recommendation of improved formulations. Further

testing, especially under multiaxial conditions, and study of the results

are expected to lead to such improvements. Generally, the need for im-

proved equations is thought to 'be most urgent for 2 1/1+ CJ>-1 M O steel. A

study of the results included in Fig. 15 reveals one reason for this judg-

ment.

In each of the tests shown in Fig. 15, ujiiaxial specimens of annealed

2 l/l» Cr-1 Mo steel were fully unloaded, following a prior stress history,

and held at 510°C (95O°F) for the indicated period; then, each was reloaded
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Creep-recovery tests on

2 l/k Cr-1 Mo steel specimens

(heat 20017) at 510°C (950°F).

[1 MPa = 0.11+5 ksi]

to its previous stress level. Although very little creep-strain recovery

is seen to occur while the material is unstressed, each of the specimens

does evidently "recover" or "soften" over that period as indicated by the

much hicher creep strain rate just after reloading than before unloading

(both at the same stress luvei). The dotted line segment in each figure

indicates, approximately, the strain rate just before unloading. This,

of course, would be the rate predicted by the strain-hardening theory of

creep or, for that matter, by any theory which does not allow for the oc-

currence of "state recovery." The test shown at the lower left of the

figure shows the response of a specimen loaded at or near the yield stress

£-200 MPa at 510°C (950°F)]. In this case the effects of recovery appear

to have led to additional yielding upon reloading; hence, the extremely

high strain rates.

Although this phenomenon is accentuated in the present tests due to

the fact that unloading is complete, that is, the stress drops to zero,

it also occurs to some extent under any reduction in stress. Thus, In

variable loading histories at high temperature in which periodic increases

and reductions in stress occur, underestimates of accumulated creep strain

may very well result if the effects of (thermal) "recovery" are not prop-

erly accounted for.

Inelastic design analyses are usually performed through the use of

finite-element techniques. The constitutive equations are, of course, a

most vital ingredient in these approaches. Tests of structural specimens

play an important role in assessing the overall capability of the com-

bined computational techniques and constitutive equations. Corum et al. 1 3

address comparisons that have been made between predictions based on cur-

rent methods and experimental data from a considerable number of tests

which use structural specimens.

1*. RECENT DEVELOPMENTS AND FUTURE STUDIES

As pointed out above, the linear kinematic-hardening theory expressed

by Eqs. (1+) and (5) provides a reasonably adequate description of the

behavior of the"alloys of concern at "low" temperature. However, a more

faithful representation of available biaxial data, particularly for

nonradial loading paths, may require a more comprehensive theory as il-

lustrated and discussed in Refs. 15 through 17. A fundamental difficulty

lies in the inability to accurately describe the ensuing motions of the

53

yield surface. The differential quantity da±.,

d a . . = Cd£* (10)



may be interpreted geometrically as representing the incremental change

in the position of the center of the yield surface [Eq_. (k)] as it trans-

lates in (deviatoric) stress space. Even in the case in which C is not

a constant but a function of deformation history, for example, plastic

strain, the increment da. . is, according to Eq. (10), in the direction

of the plastic strain increment def.. The results of multiaxial experi-

ments 1 8' 1 7 show that this is not strictly true.

After carefully examining the motion of yield surfaces from room-

temperature multiaxial tests on type 30U stainless steel, a modification

of the present theory has been proposed16 which calls for the replacement

of Eq. (10) by the expression:

da. C d e ij (11)

in which A... . and h are functions of a.., the current position of the
ijiw ij

center of the yield surf ace, and €^.. I'o has been demonstrated, using

Eq. (11), that predictions of the response to several nonradial loadings

agree well, in a qualitative sense, with experimental results. Further-

more, Eq. (11) has been studied17 from the viewpoint of Ziegler's com-

ments18 which prompted him to propose a modification of Prager1s kinematic-

hardening law. The result of this study has indicated that a similar mod-

ification is also desirable in the present model.

A report on the proposed modifications to the recommended plasticity

model including their complete description, the rational basis of their

formulation, and comparisons of predictions with experimental data is

currently being prepared. The modified theory not only allows for a more

adequate description of the motion of subsequent yield loci at "low" tem-

perature, but also alleviates one of the major ob-jections of the linear

theory [Eqs. (h) and (5)], that is, the limitation to a bilinear ideal-

ization of the uniaxial stress-strain curve.

All of the multiaxial tests concerning the exploration and definition

of yield curves and surfaces, to date, have been, conducted at temperatures

well out of the "creep regime" of ths materials under study. The classi-

cal (time-independent) theory of plasticity is a permissible idealization

of the response at these temperatures because the yield surfaces based on

loading times of the order of minutes do not differ greatly from those

based on seconds, hours, or days. At higher temperatures [500 to 600°C

(932 to 1112°F)], time (or rate) becomes an essential ingredient; time

spent at a given stress or temperature is of great importance. Over and

above the infinite variety one has in the choice of offset (or other mea-

sure of permanent strain) in defining a yield surface at "low" tempera-

ture, there is further choice at "high" temperature, in that yield must

be defined in terms of a definite increment of permanent strain incurred

in a specified time. Moreover, in tests at low temperature, the experi-

menter is concerned that the establishment of one point on the yield sur-

face does not so change the "state" of the material that use of the same

specimen is precluded in establishing other points on the yield surface.

In testing at elevated temperatures, this difficulty is compounded enor-

mously, since the "state" of the material may now also change in time.

Yield surface explorations performed on type 30U stainless steel

specimens in the temperature range of 500 to 600°C (932 to 1112°F) will

begin shortly at ORNL. These tests are to be the counterparts of those

already conducted at lower temperatures (principally room temperature)

and are intended to assess the validity and applicability of several of

the concepts of classical plasticity at temperatures where time effects

cannot be ignored and the separability of "plastic" and "creep" contri-

butions to the total inelastic strain rate is not so evident.

Studies of mathematical descriptions of material response in which

time is an inherent ingredient and which account for the simultaneous

occurrence of transient creep and rate-sensitive yielding are in prog-

ress at ORKL as part of the HTSD Program. These studies are based in

large measure by the work of Onat13'20 who has achieved considerable prog-

ress in identifying general mathematical and physical properties of "state

variable" representations of mechanical behavior. Use is also being made

of developments by Rice21 in which he relates the general features of dis-

location motion on the microscale to macroscopic inelastic deformation in a

continuum sense. Specifically, serious study is being given to the princi-

pal conclusion drawn by Rice in Ref. 21; namely, that a potential function

of stress, from which the inelastic strain rate is derivable, may be de-

fined at each "inelastic state" of metals at high temperature. The defi-

nition of a "flow potential" of this kind, in analogy with the yield func-

tion in classical plasticity, is a unifying feature which leads to a ra-

tional and concise statement of the constitutive (flow) law.

The validity of a "flow (or stationary state) potential" and the

corresponding path-independence it implies has been investigated experi-

mentally by Brown22 on an aluminum alloy. Brown states that although his

experiments were quite limited and not generally conclusive, they do show

the expected path-independence and, hence, substantiate the concept of a
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flow potential. Similar multiaxial experimentation along this line is

about to get underway on reactor system metals at ORNL.

Ponter and Leckie23 have used the ideas of Rice21 in proposing gen-

eral forms of flow potentials which are derived by taking the so-called

Bailey-Orowan24 creep-recovery model* as toeing locally applicable to a

given slip-hand region composed of an essentially homogeneous dislocation

structure. Specific forms of potential functions, which follow the work

of Ponter and Leckie, have recently been hypothesized for use with the

reactor system alloys of concern (particularly 2 l/U &—1 Mo steel). One

such form is the following:

n+1

V = V "

where A, n, D, and C are material parameters, o'. represents the compo-

nents of deviatoric stress, S.. represents the components of the "inter-

nal flow stress," Y is a scalar "yield stress," and S = >/3/2 S.,S...

The flow law associated with Eq. (12) is

n-1
2

(13)

Similarly, following Ref. 23, the "growth law"**is given by

^ - - ^ - ^ - = ^ ^ - ^ 5 . (1U)
J 3S ös. 3S ü J

The reduction of Eqs. (13) (the flow law) and (lit) (the growth law)

to uniaxial tension takes the form:

and

I = A(o - S ) n

S = | e - DS 3 ,

(15)

(16)

where a = alx, k = k11, and S = S 1 1 #

In Eqs. (15) and (16), the scalar "yield stress" Y is taken to be

zero. Writing the internal flow stress component S as

S = BP 1' 2 ,

Eqs. (15) and (16) can be rewritten as follows:

6 = A(ff - B p 1 ' 2 ) "

and
P = C'e - D'p2 .

(17)

(18)

(19)
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This pair of the equations is in keeping with the Bailey-Orowan hypothe-

sis, and, in fact, represents a particular uniaxial creep-recovery model

due to Lagneborg.25 Lagneborg takes the coefficients A and n in Eq. (18)

as Arrhenius type temperature-dependent quantities; B = abG with 0 < a < 1

a material constant; b, the Burger's vector; and G, the elastic shear mod-

ulus. The quantity P is the average dislocation density whose rate of

growth is governed by Eq. (19). The first term on the right-hand side

of Eq. (19) represents the hardening mechanism which proceeds with accu-

mulated inelastic strain, whereas the second term represents the recovery

process which proceeds with time. The coefficients C' and D' have physi-

cal origins, as discussed by Lagneborg,23 and generally depend upon both

temperature and stress.

An attempt has been made to "fit"28 the Lagneborg model [Eqs. (18)

and (19)] to a limited range of uniaxial creep data taken on 2 l/U Cr-1 Mo

steel specimens (heat 20017) at 566°C (1050aF). The stress range of the

creep data spans ^55 to 96 MPa (8 to lU ksi). Fitting was accomplished

by (1) making use of parameter sensitivity studies conducted on the cou-

pled equations of the model, (2) using steady-state creep information

taken from creep-time curves at constant stress, and (3) inserting "rea-

sonable" numerical values for some of the physical parameters that make

up the coefficients A, or B, C, and D' (see Eef. 25). As a result of the

fitting procedure, the values of the material "constants" chosen to repre-

sent the data over the stated stress range are A = 3.96 X 1O~21, n = h,

B = 0.05, C = I.33 X 10 1 3, and D = 2.038 x 10" 1 4. These values are to be

used in Eqs. (18) and (19) with the appropriate units [i.e., €C (l/h),

"According to this model, high-temperature deformation in metals oc-
curs under the action of two simultaneously competing mechanisms — a
hardening process progressing with accumulated deformation and a recovery
(or softening) process progressing with time. The balancing of these two
mechanisms corresponds to steady-state creep.

•"The components of the "flow stress tensor" Sj* are considered "state
variables" in the present formulation. The "growth law," using the termi-
nology of Onat,20 specifies the rates of change of these state variables.

J



o (lb/in.2), and P (l/in.2)]. Using these values, creep curves have been

generated at the stress levels 55, 69, 83, and 96 MPa (8, 10, 12, and 11+

ksi). These are shown in Fig. 16 as solid lines for comparison with the

corresponding constant-stress creep data (at 566°C). Although the range

of the fit is admittedly quite narrow, the comparison appears generally

favorable. It is noteworthy that although no information directly con-

cerning primary (transient) creep was fed into the correlation procedure,

the predictions follow the primary creep response (e.g., the amount and

ORNL-OTVG 76-6008

ANNEALEO 2 1/4 Cr - 1 Mo 1
HEAT 20017

566°C [1050°FI

3000

Fig. 16. Comparison of creep data and correlations based on the
creep-recovery model of Lagneborg (correlations due to J. A. Clinard of
ORNL).

duration of primary creep) extremely well. This is encouraging p.fld is

interpreted as lending credibility to the physical concepts incorporated

in the uniaxial Lagneborg model [Eqs. (18) and (19] and, hence, the mul-

tiaxial Eqs. (12) through (lit).

The constitutive aodel expressed in Eqs. (12) through (lit-) [and uni-

axially in Eqs. (18) and (19)] incorporates many of the phenomenological

characteristics observed in the high-temperature behavior of reactor sys-

tem alloys, particularly 2 l A Cr-1 Mo steal. These include features of

kinematic hardening (also isotropic hardening if Y is taken to depend on

an additional scalar state variable), primary and secondary creep, and

state recovery.27 The latter phenomenon was discussed in the previous

section and is evidenced in Fig. 15. That such behavior is accommodated

in the Lagneborg model3'9 can be seen in the form of Eqs. (18) and (19).

As the applied stress is reduced tielow the stress flow, that is, a <

Bp1'2, the inelastic strain rate is assumed to vanish. The state vari-

able p (dislocation density), however, can change in time according to

the growth law Eq. (19), and the material can, in fact, return to a pre-

vious and "softer" state. Upon restressing, the strain rate can thus be

greater than before unloading, just as observed in Fig. 15.

It is noteworthy that an additional advantage of the constitutive

law being specified in terms of a potential was brought out in a recent

paper by Ponter.28 Ponter used some of the developments contained in Ref.

23 in order to make use of general bounding theorems29 for establishing

displacement and work bounds for structures under creep. The application

of these bounding principles can lead to greatly simplified analyses for

the purposes of design.
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II-l An Analysis for Out of Plane J- Spence
Bending on Curved Pipes in J- Boyle
Creep: Development of
Method and Design Factors

United Kingdom

ABSTRACT

The aim is to Ctudy the out of plane bending of a curved pipe in creep. The
current situation in elasticity, and the state of research into the creep of
piping components, are briefly reviewed. The ultimate goals of the analysis
of curved pipes under combined loading is discussed with the conclusion that,
from the point of view of system analysis, it is more expedient to calculate
an "energy factor" rather than the classical "flexibility factor". An
approximate energy based analysis is presented which utilises a simple power
law of creep and direct optimisation methods on a computer. Results for
various material and geometric parameters are presented.

1 . INTRODUCTION

The study of curved pipes arose out of the need to design flexible piping systems
to cope with thermal expansion and imposed displacements at anchors and hangings.
It was found that a curved pipe was many times more flexible than an equivalent
length of straight pipe in the sense that under the action of an applied moment
the curved pipe changed its curvature more. This increased flexibility has been
exploited in the construction of piping in all kinds of power plant both conven-
tional and nuclear and in petrochemical installations where sufficient bends are
incorporated to cope with the expected thermal expansions.

The first studies of the deformations of a curved pipe were concerned with the
purely linear elastic problem of a free pipe (with no end attachments) subjected
to a uniform in-plane bending moment. Theodore von Karman [1] first examined
this problem and his analysis has been improved upon by many investigators since.

These investigations enabled a quick assessment of the "flexibility" of a given
curved pipe. However it was found that in-plane bending while by far the most
important, was not the only loading that could be envisaged, Some studies have
been concerned with the situation of combined in-plane bending, out-of-plane
bending and torque. Since elasticity is usually linear these loads may be treated
separately, and their combined effect found by superposition in the usual manner.

2. LINEAR ELASTIC OUT OF PLANE BEHP"""- OF CURVED PIPES: A BRIEF REVIEW

The effect of an out-of-plane bendi.._ moment on a curved pipe in elasticity was
first presented by I Vigness [2] and confirmed to an extent experimentally in a
later publication [3]. Vigness essentially demonstrated that the flexibility
factor due to the out-of-plar.e moment was numerically equal to the flexibility
factor due to a similar in-plane moment. An identical conclusion was drawn by
L Beskin [4] independently. The work of Vigness has been extended by E C Rodabaugh
and H H George [5] and W G Dodge and S E Moore [6] to include Internal pressure,
and by G E Findlay and J Spence [7] to elliptic cross sections.

All of these analyses employed energy methods, broadly similar to that initiated
by von Karman, but alternative methods have been employed by R Smith [8]. More
recently A Robert and C Du Fort [9] used a direct numerical integration technique
with a consistent thin shell model. These analyses applied to an element of bend
where over the length of which the out-of-plane moment was considered constant.
The problem of handling the complete bend with varying loading and with end effects
was not often discussed.

Clearly in this case a more comprehensive analysis would be an advantage [3], In JO
fact, such an analysis had been already attempted some years before, due to
H Barthelemy [11], but numerical results were not forthcoming. Two other analyses
were also presented by K F Chernykh [12] and H Seaman and F Y M Wan [13] who
considered lateral bending and twisting. These analyses, however worthy, strongly
rely on the linearity of an elastic constitutive law.

The rapid development of the Finite Element Method and other powerful numerical
techniques have allowed quite general curved pipe geometries subject to arbitrary
loading to be examined. Unfortunately these analyses [14,15,16] are not yet
particularly useful in design being more on the lines of a detailed pressure vessel
pnalysis rather than providing an overall assessment of the flexibility of a curved
pipe required for network analysis.

3. CREEP OF CURVED PIPES UNDER Dl PLANE BENDING

The importance of creep in the design of high temperature pipeline systems is
obvious and a number of studies arose examining the problem.

Chronologically, L M Knchanov [17] first examined the problem of the steady
creep of a circular cross section, long radius curved pipe under the action Of a
uniform, constant in-plane bending moment; independently, J Spence [18], using
energy methods, obtained upper and lower bounds to a "creep flexibility factor".
His work was also extended to account for elliptical cross sections f29,30] and
short radius bends [31] and the bounds may be closed a little [36]. More
recently [19] the change in flexibility of a curved pipe in creep from the initial
elastic state through to the steady state has been examined using a consistent
thin shell model, and accurate numerical methods. It is clear that the influence
of creep on the deformation pattern is profound,

4. THE USE OF FLEXIBILITY FACTORS IN NETWORK DESIGN

4.1 The Elastic Situation

The complexity of piping necessitates a simplified design procedure. A method
consists of an application of Castigliano's theorem in conjunction with matrix
techniques in elasticity. This requires an expression for the complementary
energy of the network.

For the straight pipe in elasticity under bending the complementary energy per
unit length is

1 "I
2 El

where

M - applied moment

E - Young* s modulus

1 - second moment of area of the cross section of the pipe

In combined loading this becomes

FT Z FN Z FB 2 hlT2 MN 2 HB 2
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(2)



where

G - modulus of elasticity in shear

u = shear distribution factor

J ~ polar moment of inertia

A - cross sectional area of pipe

This simple form eqn 2 results, since in elasticity the loads can be treated
separately and their combined effect found by superposition.

The curved pipe cannot be treated directly as a simple beam without some raodifi-

4.3 The Creep Complementary Energy Dissipation

In pure creep, assuming a Norton exponential law of creep, the complementary
energy dissipation rate per unit length of a straight pipe under bending alone is

59

n + 1
(5)

where

- (n + l)th moment of area of pipe cross section. Similarly for a curved
d l b d i h

^ y
cation. In elasticity the complementary energy per unit length of the curved pipe pipe under in-plane bending the dissipation rate per unit length is
under in-plane bending is

n+1

1 K HI
2 El

(3) n + 1
(6)

«here K is a scalar factor depending only on geometry (and material); clearly the where Kc is a factor depending on geometry and n alone.
case K <* 1 corresponds to the straight pipe, eqn (1). Classically this "energy
factor" K is identical to the flexibility factor! In combined loading in elasticity It is the combined loading situation which is fraught with pitfalls in creep. In
the complementary energy of a curved pipe becomes

EA
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particular, separation of loads -and superposition of their individual effects
should not be done, due to the nonlinearity of the material law. Unfortunately
E C Rodabnugh and G H Workman [34,35] made this assumption. Thus simple
expressions like eqn (2) and (4) cannot be constructed. However some work on
combined loading has been in progress for the straight pipe [28 - 32]. For the
curved pipe the problem is a good deal more involved

where the energy factors KN,
d

Kg, etc. are identical to the corresponding
f h l f Vi

j N g
flexibility factors, and indeed from the results of Vigness

KN = KB, Kj. = 1

where in the above T, N and B refer to torsion, out of plane and in plane effects.

4.2 The Superposition of States Concept

If time dependent inelastic material behaviour is admitted then Castigliano1s
theorem cannot be used directly and an approximate method - known as Superposition
of States - has to be employed. Effectively this technique reduces the total
deformation of a creeping structure under complex loading to a pure creep component
found by ignoring elasticity, superimposed on a pure elastic component found by
ignoring inelasticity. The idea was essentially proposed for forward creep by
D L Marriot and F A Leckie [32] and has also been found applicable in relaxation
for prescribed boundary displacements by J Spence and J Hult [33].

Early applications of this approach to piping were by E L Robinson [20] and
W Gorczynski [21] on straight pipes and by J Spence [22] and T L Johnstone [23]
who both included bends. The pure elastic part is obtained in exactly the same
manner as the classical elastic solution. The pure creep part can also be found
by a version of Castigliano1s theorem requiring an expression for the creep
complementary dissipation rate of the network.

5. THE CONCEPT OF ENERGY FACTORS

The study of the flexibility of curved pipes, is only justified by its use in
the analysis of complex piping systems. In elasticity it.is always possible to
express the complementary energy of a curved pipe in a particularly simple form
using the flexibility factor; in pure creep under combined loading the situation
is much more involved. Here we shall go directly to what is essentially required -
the simplification of the complementary energy of the bend under combined loading.
Design factors - called here for convenience "energy factors" - are developed.

6. OUT OF PLANE BENDING OF A CURVED PIPE IN CREEP

6.1 Choice of Method of Analysis

For a first analysis it is obviously useful to have as much background as possible.
It was considered that the easiest and most logical method would be to use the
basic type 1 energy approach [18], Undoubtedly the shell theory/numerical analysis
approach would be better in the long run but in a sense is Incompatible with the
previous development of results.

Consider a © - angle bend loaded at one end (8 - 0) by an out-of-plane moment M,
Fig 1. A simple expression for the creep energy of this component shall be
derived.



6.2 Combined Loading on a Small Sector in Creep

Firstly look at a small section of angle A0 at angle 6:0Ä&S@(Fig 1). By
geometrical equilibrium there is an out-of-plane moment

60 =~t _
•* A9

60

and a torque

e= McosB

T =MsinO

acting on this section. It is assumed that over this small section stresses
and strains are independent of 0 vhich is treated only as a parameter.

The basis of the type 1 energy method, analogous to that used by von Karman and
Vigness, is that the actual deformation pattern in the section shall be such that
the total creep potential energy rate

UrRdjSd8 -M^y-T^i

and thus

(8)

dv
dfl

It is assumed, after Vigness, that the tangential displacement rate can be
expressed as

shall be minimised, where U is the density of the rate of dissipation of energy
through the thickness,gfis the out-of-plane rotation rate due to M&8 and ü is the
rate of twist due to T ĝ.

The energy dissipation rate density is

where the C„ are constants for a particular bend.

It la assumed for simplicity that the shear strains take the same form as those
applicable for the st™.ight pipe in torque, thus [25]

«•9=*°

x (10)

where e^,eQ, ... etc. are the strain rates; but assuming plane sections through
the shell thickness to remain plane during the deformation these can be related
to the mid surface strains £0»£9, ... etc. and curvatures ^,t KG,- .. etc. by

> = 6«

etc where ̂  is distance through the thickness measured normal to the mtdsurface.

With the usual assumptions [18] the energy dissipation rate then takes the
approximate form

The raidsurface strain rates and curvature rates can be related to the radial
displacement rate w and the tangential displacement rate v of the pipe vail in
the standard shell theory manner [7]

and consequently also

RA0

Substituting eqns (8) - (10) into the expression for the total potential energy,
and simplifying, the problem reduces to the minimisation of the functional

where
cos^f . £ (3„(2psin2P}fsin5J . cos2p(SCospU2
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and

where

A = ilYo £ = fl(Mn/in)RAC In=r(hr'Dj"

is the end rotation rate of a similar straight pipe loaded by M in creep.

The functional V depends on the independent variables A and ßp a l l being scalars;
given the values of A and ß„ which minimise V the total strain rates can be found
from (7) as

where VU^ may be interpreted as the creep complementary energy of an equivalent
straight pipe, ie

In

A FORTRAN IV computer program was written to perform the minimisation of V using a
Hooke-Jeeves procedure and to calculate the factor k(0) for a given n and X,
Graphs of k(0) shown in Figs 2, 3 and 4 for n = 1.5, 3.0 and 5.0 respectively,
and various X, for 0^0^90°. Then for the whole bend

K1

27T

111)

(13)
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Thus given a geometry of bend and a material, X and n may be obtained and the
functional V minimised numerically to yield A and ßp and finally the total strain
rates of eqn 11. The analysis of the deformation behaviour of the section is now
complete.

6.3 The Creep Energy of the (jp -Angle Bend Loaded by an Out-of-Plane Moment
at One End

There remains only to derive an expression for the creep complementary energy
of the whole @ -angle bend.

The energy of th« bend segment is

l n e Q (^ I ( — n*\

n * 1 Jo Jo J-hll

which on rearrangement, using the constitutive law becomes

(12)

where

and

n*1 1„ = u£*i

(14)

a graph of K( © ) : OS© «90 , for a typical case is shown in Fig 5. Once the
deformation parameters have been found the stresses may easily be derived if
desired.

7, DISCUSSION

It has been demonstrated that the creep complementary energy of a curved pipe,
subject to an out of plane moment, may be expressed in relatively simple form
through the definicion of an "energy factor" as defined by equations 13 and 14.
This would appear to be a more suitable form to handle the complexity of out-of-
plane situations than the usual flexibility factor approach which has proved so
useful in elasticity or in single load creep applications. The development of

the theory hersin may point one possible way forward in pipework creep design
for multiload configurations.

The analysis is approximate embodying a number of assumptions most of which have
been accepted in earlier analysis of pipe bends. The effect of some of these are
reasonably veil known but it is perhaps important to be aware of their presence.
The work is limited to thin walled bends of short radius undergoing small displace-
ments and the effects of end constraints, such as tangent pipes, have been neglected;
it is not envisaged that these are too restrictive in the present context, although
end constraints could introduce a significant measure of conservatism in the stress
and strain levels expected in creep, perhaps more so than in elasticity. The
Karman assumption of zero mid surface meridional strain is not true for a straight
beam type pipe and in common vith the in-plane type 1 analysis leads to errors at
high X. The point has been discussed in detail elsewhere but in any case it is
unfair to expect the present analysis to be valid for too high a X value since it
is based on a moment which changes with the angle of the bend: in other words, it
does not conveniently reach the asymptote of the straight pipe. The circumfer-
ential angle has been treated only as a parameter. At this stage this is felt to
be reasonable but clearly a more exact analysis treating 0 as a variable would be



useful - for example, as in reference (14) for elasticity - although it should
be appreciated th^t this would pose rather formidable analytical and computational
difficulties for creepJ

Some of the results may not be fully converged since only two terms have been
taken in the series solution. This would have most influence at lov: £ and high n
but is unlikely to be a major effect for the results given. Fully converged results
are currently being processed.

The scene has been set for a slight new emphasis on the development of design
factors for the creep of pipework components involving more than a single load.
Extensions of the viorlc to other loading conditions or difficult methods of analysis
are fairly abvious and the possibilities for fature work are considerable.
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II-2 Inelastic Thermal Transient
Analysis of Tubesheets

Introduction

M. Sumikawa
E. Shibato
T. Shimizu
S. Kusumoto

Japan

Under thernal transient operations of the LMFBR,

oevere thermal shock stresses are induced at the

structually discontinuous portions of the components

comprising coolant boundaries. After emergency shutdowns

of a plant, thermal stresses arise in the vicinity of

tubesheet-to-shell junctions in the sodium to sodium heat

exchangers because of the differential expantion effects

between the tubesheet and the heat exchanger sheila. In

the structural design of the heat exchangers (Figure 1),

since it is unavoidable to have the junctions between the

relativelly thin shells and the thick tubesheets, the

detailed temperature distribution analyses and the inelastic

analyses are required to satisfy the requirements of the

structural design code at the elevated temperature.

After emergency shutdowns of the plant, the relativelly

cooled primary sodium is allowed to reach the upper tubesheet

(shown in figure 1) at the first stage of the transient,

then the perforated regions of the upper tubesheet are

cooled because of heat exchanging between the primary sodium

and the secondary sodium through the tube wall thickness.

Following two kinds of thermal stresses arise.

1. Thermal skin stresses in the vicinity of the surfaces

of the structural elements due to the thermal shock.

2. Thermal bending stresses in the vicinity of the structural

junctions due to the differential thermal expansion effects.

Unacceptable thermal skin stresses can be avoidable

by the suitable thermal baffle plates. But some extent

of thermal bending stresses in the vicinity of the structural

junctions are unavoidable. The most severe thermal bending

stresses are predicted to arise in the vicinity of the

tubesheet-to-shell junctions by means of the elastic stress

analysis.

2. Thermal Transient

The most severe condition have been selected in the

emergency shutdown conditions of the plant and the conser-

vative thermal transient model (shown in figure 2) is used

to determine the metal temperature. Tha temperature of

the primary sodium comes down from the normal operating

temperature (529°C) to 410°C at the rate of 5.95°C per

second, then gradually to 355 C and finally to the stand-by

temperature (18O°C) at the rate of 50°C per hour. The plant

is re-started at the normal start-up operation after one day

operationnl check. The temperature of the secondary sodium

changes from the normal operating temperature (510 C) in

similar manner as described for the primary sodium after

some delay in time.

3. Metal Temperature Distribution in Tubesheets

In the calculation of the metal temperature distributions,

the suitable model should bo used depending on the regions

where the stress analysis is carried out.

For the stress analysis in the vicinity of the

tubesheet-to-shell junction, the estimation of the equivalent

thermal inertia of the perforated region of the tubesheet

65

«i i ^~ — J



considered. If the unperforated -area is relatively large

compare with the tubesheet thickness, the effect of the

metal temperature distribution through the tubesheet

thickness on the metal temperature distribution in the

vicinity of the tubesheet-to-shell junction is negligible.

In this case, the radial length of the unperforated area

is about one fifths of the tubesheet thickness. The estima-

tion of the equivalent temperature distribution through

the tubesheet thickness is also an important theme to be

studied.

3-1. Ligament model

The metal temperature distribution in the ligaments

is calculated during the thermal transient by the finite

differential method. A simple axisymmetric model of the

ligaments is used. The 3174 tubes are arranged in the

circumferential patern with 23 raws on the tubesheets.

The circumferential and the radial pitch are 31.4mn and

30mm respectively. The tubes are 21.7mm in outer diameter

and 1.2mm in vail thickness. The upper tubesheet is

2210mm in outer diameter, 200mm in thickness and has a

hole at the center, 610mm in diameter, for the downcommer

pipe for the secondary sodium inlet.

The axisymmetric ligament model, for the calculation

of the metal temperature distribution, is a the 200mm

thick circular plate with a hole, 19.311121 in diameter,

and has one tube welded to the circular plate at its

bottom, as shown in figure 3- The primary sodium is

bounded by the outer surface of the tube and the lower

surface of the tubesheet. The secondary sodium is

bounded by the other surfaces.

The metal temperature distribution in the model is

calculated during one thermal transient cycle. The

typical distribution of the metal temperature is shown

in figure 4«

3-2. Equivalent model for the perforated zone

In order to estimate the distribution of metal

temperature in the perforated zone of the tubesheet,

a equivalent axisymaetric model of the perforated zone

is used. First, the temperatures of the elements used

in the ligament model are averaged at each distance from

the surface by using the volumetric weight factor. Then,

adjustment of the thermal conductivity and the heat

transfer coefficient at the surface of the equivalent

axisymmetric model of the perforated zone is carried out

by comparing the temperature distribution calculated in

the equivalent model with the averaged temperature distri-

bution during the thermal transient.

3-3. Temperature distribution in tubesheet

The distribution of metal temperature in the tube-

sheet is calculated by using a combined model including

the equivalent model of the perforated zone. The

combined model uaed is shown in figure 5. The calculated

distributions of metal temperature in the vicinity of

the tubesheet-to-shell junctions are 3hown in figure 6.

Figure 6 shows the comparison of the temperature

distributions calculated by two different models in the

vicinity of the tubesheet-to-shell junction. The solid
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lines show the temperature changes calculated by the

combined model and the dotted lines show the result by

the simple model with the assumption that the thermal

behavior of the perforated zone in the tubesheet is

equivalent to the secondary sodium.
SECONDARY SODIUM INLET

UPPER TUBESHEET

PRIMARY SODIUM

OUTLET

FIGURE 1 INTERMEDIATE HEAT ÄXCHANGER

4. Inelastic Thermal Transient Analysis

The axisymmetric two-dimensional inelastic finite

element analysis is performed during the thermal transient

cycle. The main object of the inelastic thermal transient

analysis is to estimate the maximum inelastic strain at the

element which shows the maximum stresses in the elastic

analysis.

The temperature distributions used at each time point

during the thermal transient cycle are calculated by using

the combined model.

The maximum strain is occurred in the outside element

at the first stage of the -thermal transient cycle. Figure

7 shows the typical stress distribution calculated.
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8oo f- The inelastic equivalent strain is also shown in figure
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II-3 Inelastic Piping Flexibil- R. L. Roche
ity Analysis — A Beam Type A. Hoffmann
Method

France

I INTRODUCTION - CONVENTIONAL METHODS OF ANALYSIS

Piping systems employed in industry are analyzed by using a

beam-type method. For this purpose, the piping is considered as

a group of beams not subjected to detailed analysis as to what occurs

in a cross section. The group is assumed to behave elastically

and the curved portions such as elbows are compared with straight

beams by the use of flexibility coefficients (1). Tnese

flexibility coefficients were obtained by local analysis, especially

for the curved portions. These analyses, of which the first

were performed long ago (2,3} have been improved since, and the most

widely used flexibility coefficients are given in construction codes

(4). From this analysis are derived the values of bending and

torsion moments in each section, making it possible to calculate the

stresses in the section, by assuming that the material exhibits

elastic behavior. It is also possible to account for inelastic

strains, particularly by limit analysis methods (5). This enables

a distinction to be made between primary and secondary stresses.

II NEED FOR A SIMPLE METHOD OF NON-LINEAR ANALYSIS

In this type of method, it is always assumed that the distribution of

bending and torsion moments is that of a linear elastic system.

This hypothesis is already debatable for conventional piping systems.

It can hardly be acceptable for piping systems of liquid metal cooled

nuclear power plants. In the latter, it appeared necessary to

account for the effect of inelastic behavior of the material

(plasticity, creep) on the distribution of moments (and strains).

An analysis taking account of plasticity and creep can be performed

by means of computer programs dealing with shells of any form (6,7).

The computation is time-consuming arid costly, and can only reasonably

be employed for short pipe lines or elements of a piping system.

Certain simplifications have been suggested to reduce the computation

cost (8); however, this remains prohibitive for any non-linear

analysis of a complete piping system.

For non-linear analyses of piping systems at high temperature, it

appears indispensable to have a simplified method available. This

method should be fairly rapid and inexpensive, but should nevertheless

provide results of technically sufficient accuracy

III PRINCIPLE OF THE METHOD

A method similar to the beam-type method employed in elasticity can

be developed on the basis of the generalized variables concept

introduced by W. Präger (9). For this purpose, only the variables

associated with u cross section are retained, in order to avoid

any integration in the section itself 110).

As for the stresses the following may be retained:

Axial Force effect N (except pressure effect),

internal pressure p and its axial effect,

bending moment M ,

torsion moment H .
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It is more convenient to use quantities proportional

to the foregoing, but having the dimensions of a conventional stress

(N/mm ) , in other v>ords, for a pipe of low thickness t t diaceter D ) '•
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The Yield surface in space of stresses a , a , a and a is
n p b t

expressed by the convex function:

F(V V V V Blf

6 = T — (variation in length in the piping axis)

AD
e = —— (variation in diameter of the section)

E. = ~x (X = curvature of piping centerline)

torsion of the pl
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The application of Hill's principle enables determination of the

direction of a viscoplastic flow by equations such as the following:

b 3ab

,3F
t da.

where 0lr ß 2 • • •
 a r e variables of state of the section and the

material, representing the effect of the previous history (these

variables, in general masked, take account of work hardening of the

material, inelastic strains in the section etc).

Associated with this group of generalized stresses is the group of

generalized strains:

e - X
n 3a

IV SIMPLE FORMULATION OF THE METHOD

such that when a variation 6e , 5E , 6c. , 6e occurs in these strains,
n p £> t

the variation in work received is uDtfiW where

5W = a 6e + a •••. + o.6c + a 6c.
n n <* P b b t t

Piping systems for liquid metal cooled power plants are subjected to

low pressure and it is possible to ignore its effect. Moreover,

owing to the flexibility of thes2piping, the effect of axial

forces is negligible. One can thus proceed by merely

considering bending and torsion.

These 'strains' consequently represent the following macroscopic

values:

It is important to determine the shape of the Yield surface

in space a , a . A simple shape can be derived from that
b t

corresponding to the collapse load in a straight pipQ, which leads-to .'
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V "b

depending on whether the criterion of Tresca or that of Von Mises is

adopted.

Obviously, hardening must be taken into account, making it necessary

to use, for current utilizations, equations of the form:

2<J 2 a 2a. 2t t

In actual fact, the important problem is that concerning the curved

portions and elbows in the piping.

As for the straight parts , it is possible to use the collapse load

values of the elbow section. For this purpose, one can employ the

results of Spence (5) which provide an upper bound and a lower bound.

It is advisable to take account of experimental

results such as (12). The curve in Figure 1 gives the values of

the ratio of limit moments of an elbow to a straight section as a

function of the dimensionless parameter:

, 4Rt

" V2 at 2 ( ot

depending on whether an isotropic or kinematic hardening model is

adopted.

For a straight parts the coefficients a. and a , which are subject

to adjustment, are generally n/4 and /J/2 for routine design work.

The flows due to plasticity or creep are then obtained by using the

Yield function as a potential, making it possible to express

the inelastic increments of strain:

(a - $ ) J
SX

where 6X is determined by reference to the tensile curve of the metal

and variations in ß and ß by a hypothesis of the Prager-ziegler type.

In general, therefore, the problem thus formulated can be processed

in the same manner as for conventional structures (11) (plasticity,

creep) without integration in the section.

where: t = thickness

D = diameter of piping

R = radius of curvature of the elbow.

Based on these results, it is possible to derive a rough value of the

coefficients a be selected for an elbow. Thus for bending the

following may be taken:

-2/3

* = 1 if 1 X

4 3

This is a pessimistic value.

However, owing to the low pressures employed, the piping systems

used in liquid metal cooled nuclear power plants have relatively low

thicknesses. This gives rise to a number of additional problems.

Behavior of the elbows is not linear and the 'curvature moment'

equation is different Jepending on the sign of the moment.

Hence characteristic values (a_, ß ) should be adopted in accordance

with the sign of the moment. For decreasing radius, in particular,

phenomena like instabilities of the buckling type appear

fairly quickly and the formula adopted must account for this.



Furthermore/ the adjacent straight sections have a very important

reinforcing effect on the plastic or viscoplastic flow in the

curved sections and elbows.

The equations selected must therefore account for this effect by

introducing a correction which incorporates the elbow angle.

Figure 2 shows the differences in behavior of an elbow in a fast

breeder reactor plant, in different circumstances.

VI PRACTICAL APPLICATION

The model presented is incorporated in the TEDEL computer program

of the CEASEMT structural analysis system. This program is

routinely employed for the analysis of piping systems.

Piping components such as elbows and branchs can, for a given piping system,

be classified into a small number of types. Hence the behavior

of each of these types can be determined by special analysis with the

use of a shell program in the plastic region . From these

analyses are derived the coefficients to insert in the equations used

in TEDEL (a_ • f5f, variation in a etc), making it possible to perform

the analysis of the overall piping system. This provides the

evolution of moments and stresses in each cross section as a

function of time and load. Examination of the behavior of each

component can then be resumed as a function of the loads which it

receives from the rest of the piping system.

The rough overall equations giving a, and a , which were discussed

above, serve mainly for rapid analyses of the different paths

considered during preliminary design.

VII CONCLUSIONS

integration. Consequently it is indispensable to secure the

availability of a simpler, faster and less costly method.

For its computation system, the CEA has developed, and continues

to do so, a beam-type method similar to that routinely employed in

elastic analyses. This method, based on generalized stresses,

makes it possible to account for the behavior of each component,

by the adjustment of formulas employed with the results of special

studies, and then to perform the analysis of the overall system.

By expanding the catalog of characteristic equations of components

already examined, it is possible to perform rapid analyses, the

results of which have sufficient accuracy for preliminary studies.

REFERENCES

(1) Kellog Company

'Design of Piping Systems'

J. Wiley and Sons, New York (1956)

(2) T. Von Karman

VDI, Vol.55, pp 1889-1895 (1911)

(3) M. Marbec

•Flexibility des tubes'

Bulletin de 1'Association Technique Maritime, Vol.22 (1911)

(4) ASME

Boiler and Pressure Code, Section III

Nuclear Power Plant Components

Sub-section NB (1974)

(5) J. Spence and G. Findlay

'Limit load for pipe bend under plane bending1

Second International Conference on Pressure Vessel Technology

San Antonio (1973)

73

Piping systems intended for liquid metal cooled nuclear power

plants cannot be subjected to complete analysis employing the

theory of plastic elastic shells. This analysis would be too

time consuming and costly, as it leads to three-dimensional

(6) A. Hoffmann, M. Livolant and R. Roche

'Plastic Analysis of Shell by Finite Element Method, Global

Plasticity Model for any Shape of Shell'

Second SMIRT Conference, Berlin (1973), Paper L 6/2



(7) B. Vrillon, C. Hontfort and J. Beffre

'Experimental Analysis of Piping Components of Fast Breeder Reactors'

Third SHIRT Conference, London (1975), Paper F 3/4

(8) H.D. Hibbit, E.P. Sorensen and P.V. Marcal

'The Elastic, Plastic and Creep Analysis of Pipelines by

Finite Elements'

Second International Conference on Pressure Vessel Technology

San Antonio (1973)

(9) W. Prager

'The General Theory of Limit Design'

Proc. 8th Int. Congr. Appl. Mech., Istanbul, 2_, pp 65-72 (1956)

(10) R. Roche

'Module simple pour le calcul plastique d'une tuyauterie'

Note CEA-N-1872, Saclay (1975)

(11) C.E. Pugh et al

'Currently recommended constitutive equations for inelastic

design analysis of FETF components'

ORNL-TM-3602

(12) S.E. Bolt and W.L. Greenstreet

'Experimental Determination of Plastic Collapse Loads for

Pipe Elbows'

ASME paper 71 PVP 37

1,0

0,8

0,6

0,5

_ 0,4

I °'2
I 0,15

0,1
0,05

20

15

10

Upper bound-

Lower bound-

0,1 0,2 0,3 0,4 0,5

Fig 1

180° Elbow
D=500
t = 12
R=750
I

(Moment reducing the radius of curvoture)
I

3 4 5
Loading parameter

Fia 2



II-l» - _CEASEOT System of Finite
'Element Computer Programs -
Use for Inelastic Analysis
in Liquid Metal Cooled Re-
actor Components

F. Jeanpierre
T. Charras
S. Goldstein
A. Hoffman
M. Livolant
R. Roche

France

I. INTRODUCTION

The Nuclear Research Center at Saclay has developed a complete

system of computer programs for the analysis of mechanical structures

of reactors.

This system exploits the method of finite elements, but is designed

specially to deal with non-linear problems concerning both the

material (plösticity, thermoplasticity, creep) and the geometry

(non-linear relationships between displacement and strain, buckling).

Furthermore, a special effort has been devoted to the processing

of dynamic problems (vibrations, natural modes, earthquakes, shock

phenomena, etc.).

The CEASEMT system is widely employed for analysing reactor struc-

tures. In this respect, note that French regulations governing

pressure vessels for light water power plants [l], [2] frequently

lead to the performance of analyses of structures in the plastic

strain region.

II. GENERAL DESCRIPTION

The CEASEMT system includes a large number of elementary modules

coresponding to a total of over 80,000 Fortran instructions. For

the convenience of the user, it is organized in parts (frequently

termed "programs") each one covered by a special user's manual.

COCO is a preprocessor designed for automatic meshing of the

structures investigated [3]. It can mesh botli two-dimensional

and three-dimensional structures. It contains many special modules

for shapes which frequently occur. Figure 1 provides a sample

mesh realized by COCO.

AQUAHODE a group of modules concerning shells of revolution [4]

subjected to non-axisymmetrical loading (Fourrier series develop-

ment). It is specially designed for vibration studies. It

includes elements for interaction between fluids and shells.

PASTEL designed to process two-dimensional cases [5] (plane strain

or stress, axisymmetrical cases). It includes solid and shell

components. It considers plastic behavior (isotropic or kinematic

strain hardening) and croepbehavior of materials. It enables

examination of the dynamic behavior of structures.

TRICO designed to investigate static and dynamic linear and

non-linear behavior (plasticity, creep, large movements, buckling)

of thin shells of any shape [6].

BILBO designed to investigate three-dimensional structures,

massive and thin (use of modules corresponding to TRICO) [7].

The standard element of massive three-dimensional structures is

the 20-node isoparametric element completed by supplementary

elements. For elastic and elastoplastic materials. The investi-

gation of static and dynamic phenomena.

TRISTA11A for the examination of dynamic behavior by the process

of superstructures [3].

TEDEL specially designed for analysing piping and structural

frameworks [o], both static and dynamic behavior.

ESPACE - TEMPS - VISU group of postprocessors for the presentation of

results |ioj. Enables the plotting of variations in parameters as a

function of time, and the preparation of isostress and isostrain curves.

Also features a direct display module on console
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III. SPECIAL P0L1TS Since 76
It is not the purpose of this paper to describe the methods and
algorithms employed in the system. Some of these have, moreover, been
covered by previous publications [ll], fl2]. Nevertheless, since the
behavior of structures at high temperature is not elastic, the value
of the results is highly dependent on the methods employed. Hence
some indications concerning some of them appear necessary. These are
restricted to methods for determination of non-elastic strains.

IrJTEGRAL ITERATION METHOD

The availability of an accurate, stable algorithm for strain calculations

is indispensible .

Obviously, during a load increase A F, the equilibrium equations must
be satisfied. These equations relate the increase in movement A X at
A F and the increase in plastic strain from A E P at any point. They can
only be resolved by iterations (so-called external iterations), in other
words, the n value of the variation in movement A X is calculated from
the previous value of Aep, determined by the (n-1) value of A X.

Hence one must be able to calculate the plastic strain teP at any
point wlion the movement A X at any point is known. The plasticity
models employed are incremental, in other words, only the differential
d c^ can be known, and not the finite variation Ac'3. In general, the
procedures employed to calculate A E P are rough and lead to instabilities
and inaccuracies.

In the present system, where the plasticity surface F (o) = o x is of

the Von Mises type, the lav/ of normality is respected throughout the

integration, namely,

de

(A = numeric matrix corresponding to a law of the Prandtl-Reuss type)

d e p = d E (total) - d e (elastic) = BdX - 0" l da (D elasticity matrix),

in order to calculate Ac" one is led to integrate

D"1 d a = BdX + A d E

which is analytically integrated and gives Ao as a function of the strain
hardening parameter Aa , for values of AX (and initial a). Respect of
the plasticity surface F (o) = a x gives an equation determining Aex

(resolved by internal iterations) from which Ae is deduced.

This method of calculating the plastic strain increment as a function of
the movement increment completely respects the laws of incremental
plasticity. It is accurate and stable.

Use in bilinear kinematic strain hardening

In this case the equation of surface plasticity is F(o- - a.) = a .
The Ziegler model determines the variation in a,- by relations such as

d ai =d|i (ai - a . ) .

For a law or the Von Mises type we have

d v = hd E* where h is the slope of the characteristic plasticity line.
o x

The above equation

D'1 d o = BdX + A 2_ d E*.

thus becomes • D"1 d a = BdX + ̂  (o - a) deX

transformed by the variable change y- = o. - a.

into

D^dy = BdX - (A + D^h) y —
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which is identical in form to the previous one, making it possible to

apply the same algorithm, but using y instead of a.

Other strain hardening models

While the isotropic hardening model is employed during mototonic loadings,

it is not suitable in other cases. For the latter, bilinear kinematic

strain hardening can be employed as a first approximation. Unfortunately,

this approximation cannot always be considered as conservative, since it

leads to a considerable overestimate of the elastic strain region. This

applies particularly to verifications of the absence of ratcheting.

Here it is advisable to use less rudimentary models. At present,

a multilayer model is used which enables a better representation of

the cyclic behavior of the material.

Examples of Use

This discussion will be restricted to a few examples. It is possible

to find others in previous publications [131, [14J.

Tog inner containment Figure 2. Computation performed with TR1CQ

on 1/8 of the structure (symmetrical conditions). Loading due to

internal pressurization. The problem contains 10,000 unknowns.

Taking account of strain hardening, determinations were made of

movements end plastic strains in the structum d<ja to dynamic loading.

B§£s!}§£ing_in_a_gressure_yessel_she11 Figure 3. The vessel shell is

subjected to a constant axial load due to the weight of sodium and

components supported. Moreover, its temperature differs widelys
according to whether it is in contact with the sodium or with the

blanket gas. When the sodium level varies, the temperature distribution

is modified, and in certain circumstances incremental elongation due to

the weight can occur. The figure illustrates the calculation results

and gives the axial and circumferential elongation during cyclic level

variations.

Deformation of 5U2|;ort_g]afe_and_vessel_during_£in_accident

The structure of revolution is subjected to an internal pressure pulse

varying rapidly with time. Hence the behavior is plastic dynamic

(material used stainless steel 31C). The stability of the structure was

verified, as well as the variations in deformation with the passage of

time.

Figure 4 shows tho deformation obtained 32 milliseconds after the start

of the phenomenon.

Buckling. The thin structures employed may be subjected to buckling

phenomena. This leads to the analysis of a number of structures.

As an example of general application, one can mention the buckling of

ellipsoids of revolution [151 of which the essential results are shown

in figure 5 which, as a function of the axial ratio a/b, gives the

reduced pressure px, from which the critical pressure is derived by
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e 2 b 2

cri1 v2

(e = thickness, 2a1 major axis, 2b ninor axis, E Young's modulus,

v Poisson coefficient).-

However, all potential buckling phenomena occur after the appearance of

plastic deformations. Hence it is necessary to determine the critical

loads in the plastic strain region. Modules of this type are included

in the system.
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They are based on the "Motan" buckling model. These modules were

validated by processing cases of which the experimental results

were known, such as |16| calculated in [17]. This involved

torispherical bottous subjected to internal pressure; it is

interesting to compare the results.

Bottom (Jo.

4A

4B
4C

Buckling

Experiment

2.41

3.78

7.58

pressure (atm)

CEASEMT system

2.20

3.39

6.20
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FIGURE 3 - RATCHETING IN A SODIUM VESSEL
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II-5 Simplified Methods of
Analysis

C.H.A. Townley United Kingdom

1. INTRODUCTION

Structural components of the fast reactor operate at temperatures at

which time-dependent creep behaviour of the materials of construction must

be taken into account. At the same time, because of the high core rating,

many of the primary circuit components are subject to severe thermal shock

from time to time, for t::ample when the reactor is tripped. This introduces

fatigue damage as well as creep damage in the component, and premature

failure may occur if the combination of creep and fatigue damage is wrongly

estimated. Such onerous conditions are very rarely encountered in the

design of large plant structures. Perhaps the nearest parallel is the

design of aircraft gas turbines. However, here very much shorter lives are

required, there is a long history of experience, and the consequences of

failure are much less.

Design of fast reactor components is essentially a predictive process.

Firstly, it is necessary to predict^the"stress levels and strain ranges

which will occur in the critical region fron a knowledge of the thermal and

mechanical loading which will be applied throughout the reactor life.

These calculations must take proper account of the inelastic nature of the

problem - time-dependent materials deformation due to creep and plasticity

during the transients. The stress levels and otrain ranges are then com-

pared with materials data to demonstrate that safety and reliability can be

assured over a working life of 25-30 years. The materials data muKt allow

for the reduction of strength which occurs in high temperature creep situa-

tions, and also the way in which life is affected by the superimposed

fatigue loading.

At first sight it would appear that the recently developed finite

element method of calculation would provide a means of evaluating the

performance of fnst reactor structural components. However, when such

methods are used to evaluate structures which operate in inelastic regimes,

involving creep and plasticity, excessively large computation times are

required. Published American examples suggest computer running times

between 20 and 30 hours for typical elastic-plastic-creep cycling calcula-

tions. Moreover, such computations require quite sophisticated deformation

data on the materials as input, and they tend to obscure the factors which

are important in achieving a satisfactory design of component.

In the U.K. attention has been directed towards simplified methods of

structural analysis which satisfy the following requirements. They must

(a) be as accurate as possible, erring on the side o£ conservatism, but

not so pessimistic as to lead to the rejection of acceptable designs;

(b) provide the designer with a physical picture of the way in which

component performance is affected by changes in geometry, changes in

loading systems and changes in materials properties;

(c) be relatively easy and quick to use, so that a range of proposed

designs can be evaluated, in order to choose the best;

(d) be insensitive, as far as possible, to variability in materials input

data, so that the need for expensive tests to obtain precise con-

stitutive equations is eliminated.

Before describing the simplified methods which are available, and

shoving how they should be used, it is worthwhile to restate what is

required from the design assessment. It is necessary to show that each

component fulfils each of two requirements:

(1) that uhe component will not fail during its required working life,

• •nder the combination of loads which will be applied, including

emergency and faulted conditions;

(2) that the distortion which occurs in the component at the end of the

reactor life is acceptable.

The first stage of the design assessment is to define the regime in

which tiie component will operate. This defines the type of simplified

analysis which is to be used.

These regimes are defined as follows:

1. Straight creep, in which the cyclic component of the load ca'.ises

no short-term yielding in local regions of a component. The life of the

structure can be obtained from considerations of creep damage, and distor-

tion can be estimated from creep deformation of the material.

The magnitude of the maximum local stress under worst normal and

upset transients is determined elastically. If this is such that short-
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tern yielding docs not occur, then the component operates in this first

regime. In the terminology of ASME Section III , this criterion may be

written

P, + 1» + Q < S ... (1)
L b y

where S is the yield stress at the relevant maximum temperature.

2. The component achieves a steady cyclic state. There is no

ratcheting, due to short-term plastic deformation, but the enhanced rate

of accumulation of creep damans and creep deformation, due to the increased

stresses during the cycle, must be taken into account.

A component operates in this regine if

PT + P. + Q > S
L b ^ . y

and provided that

... (2)

... (3)

b

In this expression n is a stress index used in describing a creep law of

the form
cc = Aaf(t)

e is the creep strain, A is a constant, and f(t) is an arbitrary function

of time, n should be determined by plotting the value of log creep

strain versus log strain at the appropriate lifetime and determining the

slope.

3. The non-shakedown regime, in'which distortion of the component

will be enhanced by short-term plastic ratcheting. Failure life will be

determined either by creep damage accelerated by ratcheting, or by combined

creep and fatigue.

Components operate in this regime when any of the three equations (3)

are not satisfied.

Although the ASME stress categories nre used here to illustrate the prin-
ciples involved, the author has experienced considerable difficulty in
assigning categories to the stresses evaluated in typical components.
The design criteria developed for the principles of this paper would
probably avoid the use of stress categories.

2. STRAIGHT CREEP ?LXJIME

2,1 Failure Analysis

Different methods of analysis are required, depending on the ductility

which the material exhibits in creep over the working life of the roacLor,

allowing for sodium effects.

For materials which retain adequate ductility, the criterion due to

Goodall et ill. (1,2) can be applied, based on the reference stress

where o is the reference stress,

X is the ratio of limit load to load to first yield, a geometrical

property o£ the component,

and S is the time-dependent strength of the material.

For materials which become fully brittle, the criterion is

o < S
ss t

... (5)

where a is the stationary state stress,
ss

The correct criterion to be used for materials of intermediäre ducti-

lity remains in some doubt. However, the following approach based on the

work of Gocdall et al. (1) seems adequate. The criterion used is

S_ ... (6)

\;here

°eff

eff
o .f + a (1-f)
o ss

... (7)

f is a factor obtained from Fig. 1.

In all cases the sum of the effect of operacing at different loads

and different temperatures, e.g. normal, upse'. and emergency conditions,

is made using Robinson's rule.

For each block of load, O o > o s g or o is calculated as appropriate.

The fraction of life used by each block of load, dt/t , is evaluated at the

appropriate temperature, from the design stress curves. The follouing

criterion must be satisfied
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F stresses are ignored in calculation of o > but are included in the

calculation of o • If the F stresses exceed a > then it is necessary r.o

check for performance wich respect to combined creep and fatigue. Because

of the geometrical restraints associated with F stresses, certain simplifica-

tions are usually valid. For example, the plastic strain range due to

thermal transients can often be established with adequate accuracy from

elastic calculations.

2.2 Knd of Life Distortion

The end of life distortion can be calculated from the elastically

calculated deflection and a knowledge of the reference stress, by the

equation

... (9)

where

A is creep distortion of component

A is elastic distortion of component

e c is creep strain due to reference stress o

E £ is elastic strain due to reference stress a

This method is fully described by Penny and Harriott (3).

The effect of variable load and temperature, e.g. during normal,

upset and emergency conditions, is evaluated as follows. For each condi-

tion, the appropriate reference stress is evaluated. The creep strain

accumulated at the reference stress position is obtained from the isochronous

stress-strain curve =>£ the appropriate temperature. The results are then

sumsied.

2.3 Calculation of Reference Stress

The simplest method of obtaining the reference stress for a component

is from considerations of the limit state. Th» limit state, due to

externally applied loads, can be obtained either by an analysis assuming

elastic perfectly plastic materials behaviour, or by limit analysis

techniques, which assume rigid perfectly plastic behaviour.

The reference stress, a , is obtained from the expression

F
ult

... (10)

vhere ? is the working load

P 1 is the collapse load assuming a perfectly plastic material

with a fictitious yield stress of a.

The reference stress can also be obtained from the locally calculated

elastic values of the primary stresses, but this gives a very much more

conservative result, i.e. the reference stress is pessimistically high.

Research is currently in hand to provide means of establishing

reference stress levels when secondary thermal stresses are present. For

the time being the following approach due to Goodall is considered

satisfactory.

Xi secondary stress variations are such that at on« extreme of the

maximum section, the temperature is below the creep range, then provided
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o + lo I < S
o 'range' y ... (11)

the effect of secondary stress on deformation and rupture of the structure

can be ignored.

If both the temperature extremes arc within the creep regime, or

equation (11) is not satisfied, the maximum secondary stress in the struc-

ture must be added to the reference stress, i.e.

a = o i , , , + Q .
o o'mech.load

... (12)

2.4 The Parameter X

This parameter 's determined by the geometry of the component, and

the loading system applied to it. It is defined as the ratio of the limit

load to the load to first yield under the appropriate loading system. The

limit load P .. is obtained by any appropriate method. The load to first

yield P is obtained from an elastic stress analysis. Thus

'ult
... (13)

2.5- Calculation of Stationary State Stress

The stationary state stress is the highest local stress in the com-

ponent, after creep redistribution has taken place. It can be obtained by



a stepwise time-dependent calculation. It can also be obtained readily by

an approximation due to Calladine (4):

ss
oo[l+i(x-D] (1«)

3. COMPONENTS WHICH ACHIEVE A STEADY CYCLIC STATE - ELASTICALLY

CALCULATED STRESS ABOVE YIELD

When components are subjected to periodic loading, it has been shown

by Frederick nnd Armstrong (5) that the stresses and strain rates will

also become periodic if the material is stable. This is a perfectly general

result which is true whcLhcr plastic deformation occurs in the cycle or not.

The first stage in the analysis is to break down the loading into a

sequence of representative cycles which include all the significant loadings.

Thermal transients must be included in this loading history. Having deter-

mined the representative loading cycle, the next stage is to determine the

steady cyclic stress distribution which arises during the representative

cycle.

Although equation (3) ensures that there will be no large scale

plastic ratcheting, is is also necessary to ensure that the creep deforma-

tions do not become excessive or that creep rupture does not occur. As

yet the criteria in this area are more speculative than in the steady load

situation, but reference stress methods for deformation, and work of

Ainsworth and Goodali (2) on cyclic rupture, suggest certain simplifications.

3,1 Failure Analysis

If the material retains ductility, the behaviour will be satisfactory

provided the following criterion is satisfied. For the relevant loading

history the reference stress is calculated and the fraction of life is

evaluated at the apppropriate tenperature frora the design stress curves.

The component is satisfactory provided

rtI dt

.6)
<• 1

In this regime the reference stress is defined with respect to the

shakedown load such that

P(T) 5" [l + I

P8l(5.T)
... (15)

where P ,(o,T) is the shakedown limit evaluated over the full representa-

tive cycle of period T, using a fictitious y.<e)d stress of a and a loading

which is proportional to the actual loading history, P(T). The quantity x

is as defined in Section 2.

3.2 End of Life Deformation

T". many instances, full numerical analysis can be circumvented using

bounding techniques proposed by Leckie (6). The techniques are based on a

theorem which overestimates the rate of inelastic work. The total inelastic

work, D, over a complete cycle of duration T is given conservatively by

/ d t / o(v + p
•'o •'vol

p) dv

* .*
a v dv ... (16)

vol
in which o* = p + 5. Here 5 is the elastic stress distribution and p is a

steady residual stress. A constraint is placed on the choice P such that

the stress - — a* should lie below the yield stress at all points In the

structure at all times. This is ensured by satisfying inequalities (3).

Uhere the accumulated peak strain needs controlling this may be done

quite siuply by ensuring that the value of o" defined by equation (15) is

less than that stress : iquired to give the allowable strain in the design

lifetime

% < Sides'

where S is the stress to give X% strain in the design lifetime t d c s >

3.3 More Detailed Analysis

For situations in which there is negligible plastic deformation at

the steady cyclic state, the steady cyclic state of stress may be deter-

mined in a manner proposed independently by Ainsworth (7) and Ponter (8).

Firstly determine the elastic response 5(t) to the cyclic loading history

and guess a suitable distribution o" residual stress p. In the absence of

anything more suitable, assume p = 0. The total change in strain during

the cycle e is given by the multiaxial equivalent of

{o + p} dt ... (17)

where T is the cycle time.
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Ap and c can be calculated by noting that Ap is self-equilibrating

and c satisfies Che requirements of compatibility. A new value of p is

guessed, p+Ap, and this calculation proceeds until the change Ap is zero

which occurs at the steady cyclic state. Although this calculation is

more complicated than that required in the section on simplified methods

of creep design, it is simpler than full inelastic analysis.

In general the calculation oC stress histories in the steady cyclic

state by the above method will require numerical analysis of the same

order of complexity as the calculation of the stationary state for steady

load using iterative time step analyses.

3.4 Above Shakedown

For situations ii; which inequality (3) is violated, there is likely

to be a severe interaction between creep and plastic deCormatiou and full

inelastic analysis will almost certainly be required. This is because no

simple criteria have been developed to date, which can distinguish between

the ratcheting and the cyclic plasticity regimes. Thus, once the shakedown

criterion is exceeded, even in the absence of creep effects, full inelastic

analysis is required.
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II-6 Nonlinear Analysis of the
CRBR Core Restraint System

J. E. Kalinowski
D. V. Swenson

United States

INFORMATION CONCERNING USE OF THIS DOCUMENT

Verification of the above methods is being accomplished by
comparisons with results of other analysis procedures and with
experimental results from the Westinghouse Core Restraint Test
Facility. In addition to verifying the basic modeling approach,
test facility data is being used to improve the system models
without resorting to detailed simulation of individual phenomena.

PRELIMINARY DOCUMENT

This document contains information of a preliminary nature prepared in the
course of work for the U.S. Energy Research and Development Adminstration.
This information is subject to correction or modification upon the collec-
tion and evaluation of additional data.

NOTICE

This document was prepared as an account of work sponsored by the United
States Government. Neither the U.S. Energy Research and Development
Administration, nor any of their employees, nor any of their contractors,
subcontractors, or their employees, makes any warranty, express or implied,
or assumes any legal liability or responsibility for the accuracy, com-
pleteness or usefulness or any information, apparatus, product or process
disclosed, or represents that its use would not infringe privately owned
rights.

ABSTRACT

Reactor safety and core performance considerations relative
to fast reactor core assembly positions and interactions find ex-
pression in the definition of core restraint requirements. The
function of core restraint analysis is the evaluation of the effec-
tiveness of core and internals design features which comprise the
core restraint system relative to these requirements. Furthermore
the detailed Toad and position data acquired as a result of core
restraint analysis is used in the subsequent evaluation of core
and internals components structural integrity.

This paper describes the analytical models and solution
techniques which have been used to evaluate the Clinch River
Breeder Reactor (CRBR) core restraint system. The models are
based on the application of the ANSYS general purpose finite
element computer progra.it and range in detail from a three di-
mensional analytical description of each assembly and peripheral
boundary conditions within a 30° sector of the core to simpli-
fied two dimensional radial row models in which three dimen-
sional effects have been synthesized.

Results consist of assembly displacements and interface
loads associated with specific reactor operating and refueling
conditions. Simplified solution techniques have been employed
to simulate the irradiation effects of assembly-to-assembly
neutron fluence variation associated with fuel management opera-
tions. Comparisons of the sector model and the row models are
given.

INTRODUCTION

CORE RESTRAINT DESIGN CONSIDERATIONS

In the design cf fast reactor cores, the positions of core assemblies and

their interactions with each other and with the surrounding internals

structure must be known and controlled in order to assure adequate safety

and core performance. This concern gives rise to the definition of core

restraint requirements which form the basis fur the selection of specific

core restraint design features in core and internals components. The major

Liquid Metal Fast Breeder Reactor (LMFBR) core restraint requirements in-

clude the following:

• Reactivity

Small lateral motions of the core region of fuel and radial

blanket assemblies due to thermally induced bowing and expansion

produce nuclear reactivity variations which can significantly

affect reactor transient response. To enhance reactor stability

and inherent core safety, core assemblies are supported such that

an increase in reactor power produces a net outward movement in

the core region with a corresponding negative structural reactivity

effect.

Core motions independent of temperature (power) variations are

also possible due to the existence of finite interassembly and

peripheral gaps. Sudden core motions due to seismic excitation

or the collapse of frictional load plane forces have the potential

of introducing pulsating or step reactivity insertions into the

core. The gap structure of the core must therefore be limited to

assure that resulting reactor power excursions do not cause fuel

design limits to be exceeded.
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t Assembly Deformation

In the nuclear and thermal environment of the LMFBR core, struc-

tural materials are subject to the effects of irradiation induced

swelling and creep. The high temperature and neutron flux en-

vironment together with lateral thermal and neutron flux gradients

in the core region produce duct dilation and permanent assembly

bowing. These effects can impact the ability to assure and main-

tain structural integrity of core components during normal core

operation as well as during insertion and withdrawal processes.

Core component design and core restraint feature selection must

therefore reflect the need to accommodate irradiation induced

creep and swelling effects.

• Assembly Alignment

Thermal and irradiation induced bowing can also alter the top

end positions of the core assemblies. Alignment of the core

assemblies with interfacing control and refueling system com-

ponents and core instrumentation must be maintained. The core

restraint design must include features which assure the align-

ment of the assemblies within the envelope specified by the

interfacing systems.

s Load Transmission

The need to limit and control core motions typically results in

the definition of load transmission planes. These planes are

identifiable at core and internals component elevations at which

interfacing gaps are reduced. At these planes the components must

be capable of sustaining and transmitting loads arising from

normal reactor operation (i.e. loads induced by thermal bowing of

core assemblies) as well as abnormal events such as an earthquake

or loss of pumping powc-r during which seismic or excessive thermal

bowing loads respectively may arise.

Satisfaction of the core restraint requirements requires the identification

and implementation of a suitable set of core restraint features into the

component designs. Because the requirements are to some extent conflict-

ing, core restraint analysis becomes a vehicle for achieving an adequate

balance of the various requirements.

CORE RESTRAINT ANALYSIS METHODS

Core restraint analysis entails the modeling of the interacting behavior

of core assemblies and the bounding internals structures. Early analyses

of assembly bowing and interaction were based on two dimensional (2-D)

models of a single lir.<; of assemblies extending from the core centerline

to the core periphery [i, 2]. More recent analytical endeavors have

either attempted to model individual assemblies and their interactions

within a given core sector or to improve the ?-D models by including 3-D

assembly interaction effects [3, 4]. The analysis methods presented

below illustrate the use of the-finite element method in both 3-D and

improved 2-D core restraint performance analyses.

Because of its complexity, simultaneous solution of assembly interactions

together with the treatment of irradiation swelling and creep has not been

achieved in 3-dimensional core sector models. A development program is in

progress at Argonne National Laboratory to develop a computer capability

for the simultaneous treatment of both effects. In the present study,

consideration of irradiation and fuel management effects was done inde-

pendently of the assembly interaction analysis. Experience from these

studies has provided insight for improved modeling of irradiation and

fuel management effects for the next round of core sector analyses.

MODEL VERIFICATION

An important element of core restraint analysis is the verification of

the analytical model. This verification is necessary in order to assure

that all major elements of the core restraint problem are considered as

well as to more simply simulate those effects whose detailed incorporation

would make the analytical model unnecessarily cumbersome. The National

Core Restraint Test Facility at ARD is playing a role in the verifi-

cation process of CRBR core restraint models.
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ANALYSIS

CRBR CORE RESTRAINT SYSTEM

Figure 1 illustrates the configuration and location of major components

in the CRBR. The core assemblies are seen to be positioned axially by

inlet modules which are in turn supported by the lower internals structure.

The inlet modules provide a flow metering function as well as support for

the core assemblies.

Lateral support is provided at two elevations by core former rings which

in turn are supported by the core barrel. The former rings together with load

pads at corresponding elevations on the core assemblies define two load

planes: the top load plane (TLP) near the top end of assembly and the

above core load plane (ftCLP) which is approximately two-thirds of the way

up from the bottom end of the assembly. As previously stated, the load

planes provide for transmission of interassembly and assembly-to-former

ring loads.

Figure 2 shows the main features of a CRBR fuel assembly. The major

portion of the fuel assembly is composed of wire wrapped fuel rods con-

tained within a hexagonal duct. The fuel rods are of small diameter

(0.23 in O.D) and are capable of sliding relative to each other and the

duct. As a result the contribution of the pin bundle to the assembly

bending stiffness is negligible relative to the duct. The above core load

pad is simply a portion of duct having increased thickness. The top load

pad is located on a transition section between the fuel rod bundle and

outlet nozzle. This section is relatively thick and as a result the TLP

is essentially rigid when lateral loads are applied. In contrast, the

above core load pad is compliant and its characteristic stiffness depends

on the nature of the applied loading (i.e., 2 face across flats or 6 face

hydrostatic).

Figure 3 shows a planar view of the arrangement of assemblies within a 30°

sector of the CRBR core. The core is seen to be composed of fuel, control,

radial blanket and removable radial shielding assemblies. All assembly

types are similar in configuration to the fuel assembly. Figure 4 illus-

trates a section through the corner assemblies and delineates the salient

features of the CRBR core restraint system.
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CRBR CORE RESTRAINT ANALYTICAL MODELS

The finite element method, in particular the ANSYS [5] general purpose
code, was used to model and analyze the CRBR core restraint system. Three
models were developed with different levels of assembly interaction detail.

• Sector Model - A 3-D model including each assembly within a
30° sector of the core.

• LP Row Model - A 2-D model of a row of assemblies which includes
a synthesized representation of 3-D load pad interaction.

• LPB Row Model - A refinement of the LP Row Model which includes
duct bowing as well as 3-D load pad interaction effects.
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Sector Model

The 3-D Sector Model is used to obtain detailed definition of the assembly

loads and displacements for reference design calculations and verification

of simplified core restraint models. The Sector Model simulates a 30°

sector of the core. The 30° sector is the basic unit of configurational

and environmental symmetry in the reactor core.

Figure 5 shows the combination of beam and spar elements used to repre-

sent the assemblies in the sector model. Each assembly in the sector is

modeled individually. The axial length of the assembly is modeled using

the minimum number of 3-D beam elements necessary to adequately represent

the bending stiffness of an assembly. Section properties for each ele-

ment are based on the cross sectional profiles of the actual core assembly.

Contact between assemblies at the load pads is modeled using compression-

only spar elements. These elements have gap, thermal expansion, and com-

pression stiffness characteristics. Typically, the spars are assigned a

gap value representative of the gap between assembly load pads and a stiff-

ness corresponding to the contact stiffness between assembly load pads.

As stated previously, the stiffness characteristic of the ACLP load pad is

dependent on the number of load pad faces which are loaded. In this

analysis, a load pad stiffness corresponding to a two face across flats

loading was used. This low load pad stiffness allows the greatest com-

paction of the core array.

The interface of the assembly inlet nozzles and the supporting structure

was modeled as a pinned connection. In the CRBR a radial gap of 0.0095

inches exists between the assembly inlet nozzle and the inlet module re-

ceptacle. Previous analytical experience (with CRBR core restraint models)

has shown that this gap has a negligible effect on core restraint response.

Therefore, a pinned connection was used in order to simplify the model and

minimize computer running time.

The core former rings are supported in the core barrel and provide a periph-

eral limit for core lateral motion. The core former rings have a depth of

over 12 inches and a radial thickness of over 7 inches. As a result, the

former rings are essentially rigid to core restraint loads and in the core

restraint models are assumed to respond only to variations in the former
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ring temperature,

plate elements.

The former rings were modeled using essentially rigid

Because of the detail included in the Sector Model, the complex load paths

between assemblies and assemblies-internals interfaces can be calculated.

In addition, the detailed Sector Model results permit the major core re-

straint response effects to be isolated and included in simplified core

restraint models.

Row Models

A less complex core restraint model is desirable during the initial scop-

ing stages of core restraint design and in later sensitivity studies of

system response to design parameters. The row models serve this function

by including the 3-D sector model interaction effects in 2-D models of the

corner assemblies.



In the row models, each assembly is assigned the elastic and interaction

characteristics of an entire row of assemblies (the term row is used to

refer to a hexagonal ring of assemblies). Two rov; models have been devel-

ooed in which radial and circumferential assembly interaction effects

are defined in various degrees of detail. These are designated as the

LP Row Model and the LPB Row Model.

Both models employ modeling techniques originally used in developing the

PARABOW [3] computer code. However, a single consistent approach has

been used in incorporating 3-D effects into the LP and LPB row models.

a. LP Row Model

The first level of consideration of three dimensional effects in a two

dimensional row model is the incorporation of row bending and load plane

interaction effects. Figure 6 illustrates the effects which must be con-

sidered in such a model.

1. Starting from the central core assembly (row 0), each successive

ring (or row) contains 6 additional assemblies (Figure 6a.).

Therefore the effective bending stiffness of each assembly in

the row model is a function of the number of core assemblies

in a given row together with the bending characteristics which

that row is assumed to have.

2. The interassembly load plane gap in the model is representative

of the gap between two rings (or rows) in the core array as

illustrated in Figure 6b. The effective load pad stiffness in

the model must consequently account for the increased stiffness

in the outer rows as the number of contact pad surfaces is in-

creased.

3. Circumferential contact within a row at the load plane level is

often referred to as bridging (Figure 6 c ) . The effective

bridging stiffness must account for the increased number of

assemblies participating in the bridging process in each succes-

sive row.

Figure 7 illustrates how the above effects are incorporated into the LP

model. The following relations were derived by applying potential energy

•techniques and relate the effective elastic effects of a row to individual 01

assembly effects within a row.
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Effective Duct Bending Stiffness:
_ N-l

L k=0

Effective Load Pad Inter-row Stiffness:

Kj (N) = Kp (4.5) [1 + 2 (N-l)]

Effective Load Pad Bridging Stiffness:

*Br

Where:

(9) (1)

Kb = Individual Duct Bending Stiffness

K = Individual Load Pad Stiffness

N = Row Number

b. LPB Row Model

The LPB Row Model (Load Pad and Bowing Effects) is an extension of the LP
Row Model. In the LP Model a single assembly is used to represent the
bowing and contact behavior of each row. The bowing shape of the assembly
represents the average bowing shape of all the assemblies in that row.
Therefore, no contact will occur between rows in the LP model until such
contact is permitted by the averaged bow shapes. In reality, each row
contains assemblies with bows that are different from the average bow for
that row. As a result, contact will first occur between rows due to the
assemblies with the largest bows. Further compaction would then cause
additional interassembly contact between rows.

Figures 8 and 9 show symbolically how the individual assembly bowing
effects between rows and within a row are accounted for in the LPB model.
The approach utilized is consistent with that used to define effective
load pad properties in the LP model. Basically, a three step procedure is
used to determine the effective gap and stiffness bowing parameters for
simulating both inter-row and intra-row bowing effects.



1. Calculate the energy required to straighten assembly bow

shapes to the row average bow shape.

2. Calculate an average displacement associated with the

straightening process.

3. Using the results of the above steps, calculate an

effective bowing spring constant and deflection.

The above effects are introduced into the LPB model by means of additional

gap elements (which include both gap and stiffness parameters) at the load

plane levels as shown in Figure 10.

AVERAGE BOW
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ASSEMBLY
FREE BOWS
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AVERAGE BOW
FOR ROW
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The previous sections have illustrated how interassembly contact effects

are calculated in the CRBR row and sector core restraint models. The

assembly bow shapes computed by both models are based on design data de-

fining the thermal and nuclear environment of assembly ducts. The fol-

lowing sections describe the basic nature of the core thermal and nuclear

data and the resultant effects on assembly thermal and irradiation induced

bowing.

Thermal Data

The core thermal environment causes the assemblies to expand and bow.

Restraint of this expansion and bowing at load plane levels generates

interassembly loads and alters assembly motions. Figure 11 shows the mean

duct temperatures and temperature gradients at the ACLP level for the be-

ginning of first cycle (BOFC) and end of equilibrium cycle N + 2

(E0CNP2) on the corner assemblies. In general, the average fuel

assembly duct temperatures are higher than the blanket and control assembly

duct temperatures, and the blanket assembly duct temperatures are higher

than the removable radial shield assembly duct temperatures. The tempera-

ture gradients across the fuel assembly ducts tend to be relatively small,

except in those assemblies adjacent to the cooler control assemblies. The

blanket assembly duct temperature gradients tend to be larger, since they

are in the transition zone from the high temperature core region to the

low temperature RRS assemblies. The RRS assembly ducts tend to have small

temperature gradients.

-IMAGINARY
VERT/CAL
BOUNDARY-

A = h (Aj)

K= m|Aj, E,)

EFFECT OF
STRAIGHTENING CIRCUMFERENTIAL
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Figure 11 also illustrates the average axial duct temperature and tempera-
ture gradient variations in a typical assembly. Note that the duct tem-
peratures and temperature gradients increase in the core region and remain
relatively uniform up to the assembly exit. The CRBR duct temperature

data is supplied for each face of the assembly at 25 axial locations along
the length of the assembly. A preprocessor is used to reduce the tempera-
ture data to equivalent linear temperature gradients which are used as
ANSYS input to the model. In the 3-D model temperature gradients are
supplied in two perpendicular directions for each assembly. In the 2-D
models row average temperature gradients are input for each assembly in
the model.

Irradiation Effects

The evaluation of irradiation swelling and creep effects requires the
definition of the fast neutron flux (E > 0.1 mev) environment in the core.
Figure 12 illustrates the general characteristics of the axial and radial
fast neutron flux environment within the CRBR core. The evaluation of
irradiation creep and swelling effects is performed using Nuclear System
Materials Handbook Equations for 20% CW 316 SS, the duct material.

These equations have the following functional form.

Stress Free Swelling:

So = f, («, T)

where 4 = fast neutron fluence (E > 0.1 MeV)
T = irradiation temperature

Stress Affected Swelling:

S = f2 (So, o„)

where a„ is the hydrostatic component of stress

Deviatoric Creep: -

e = f3 (o, t, So)

where e = effective irradistiosrr.eep strain
5" = effective stress
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The response of an initially straight fuel assembly restrained at the in-
let nozzle, ACLP and TLP to the CRBR operating nuclear and thermal environ-
ment is shown in Figure 13. Figure 13a indicates the bowing response of
a freely standing fuel assembly subject to the thermal environment illus-
trated in Figure 11. Figure 13b shows the result of restraining the free
thermal bow at the ACLP, TLP and inlet nozzle. Exposure of the restrained
assembly to the nuclear and thermal environment will result in the onset
of irradiation swelling and creep. Irradiation creep acts to relax the
stresses induced by the restrained thermal bow. When the assembly is re-
turned to the isothermal state and the ACLP and TLP restraints removed, the prior
irradiation creep will cause the assembly to assume the bow shape indicated
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. in Figure 13c. If, however, irradiation creep were negligible and only
the effects of irradiation swelling were considered, the assembly would
ultimately take on the shape illustrated in Figure 13d. When both effects
are acting, the resultant assembly bow shape is as indicated in Figure 13e.
There are two approaches to including irradiation creep and swelling
effects into the ANSYS core restraint models. The first consists of using
inelastic elements to model the regions of the core subjected to signifi-
cant irradiation. The neutrqnic data is input directly to each element
and solutions obtained for various times in reactor life. Alternatively,
irradiation effects may be calculated independently for individual assem-
blies and the resulting irradiated free bow shapes input to the core re-
straint model. The second approach has been used to date and represents a
simplified way of accounting for fuel management effects.
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SOLUTION TECHNIQUES

Because of the highly nonlinear structural response of the sector model

conventional static convergence techniques do not result in successful

solutions of the interassembly loads and assembly displacements. Con-

verged solutions have been obtained by introducing mass and damping para-

meters and solving the problem dynamically. The dynamic solution is con-

tinued until static equilibrium is reached, at which point the mass and

damping parameters have no effect on the calculated solution. The function

of the mass and damping parameters is to stabilize the solution with the

introduction of inertial forces to counterbalance the large forces generated

during gap closure.
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FUEL MANAGEMENT CONSIDERATIONS

In the CRBR, the goal residence time is 3 cycles for the fuel assemblies,

6 cycles for the radial blanket assemblies and 2 cycles for the control

assemblies. The fuel and control assemblies remain in place during their

burnup period while the radial blanket assemblies are shuffled at refueling.

To account for fuel management effects in the calcula-tion of assembly

irradiation bow shapes, typical inner core, outer core and radial blanket

assemblies were selected and analyzed over a prescribed burnsp^period.

The analyses were performed parametrically, considering variations "tiKtem-

perature and neutron flux gradients. Using the known environmental data ,,

in the vicinity of each assembly, the irradiation bov; shapes for each

assembly in the core were calculated by a process of interpolation. This

approach, although crude in some respects, allowed the essential core re-

straint response as affected by the fuel management scheme to be evaluated.

Secondly, the results from this study have provided insight into improved

approaches for future analyses of assembly bow shapes which consider fuel

management effects.

The conventional ANSYS nonlinear static convergence scheme can, however,

be successfully used to obtain converged solutions in the row models.

Using the ANSYS convergence option, solution iterations are automatically

terminated after a converged solution has been reached, resulting in a

considerable saving of computer time.

RESULTS

Analytical results for the three core restraint models are presented on

maps showing assembly displacements and interassembly loads at elevations

of interest. Figures 14 to 16 show load maps at the ACLP level for the

three core restraint models at beginning of first cycle full power opera-

tion. This state of operation will be experienced during the initial rise

to power of the unirradiated core. Consequently, the loads and displace-

ments shown are simply a function of the applied temperatures and re- ~~ •

straint conditions at the load plane elevation. The loads are presented

in a format which is useful for evaluating the structural integrity of

core components as well as determing the magnitudes of insertion and

withdrawal forces. Displacement data is utilized for evaluating component

misalignment and reactivity effects.

Comparison of the results of the three models is facilitated by averaging

the inter-row and intra-row load results from the sector model and tabu-

lating these together with equivalent row model results. Tables 1 through

4 compare the average inter-row and intra-row (bridging) forces calculated



by the three models at the ACLP level for beginning of first cycle (BOFC)

and end of equilibrium cycle N+2 (E0CNP2). Tables 1 and 2 show that all

three models predict similar results for BOFC. The reason for this is

that there are only minor circumferential effects in the BOFC thermal

pattern. Therefore circumferential bowing and deviations from the average

radial bowing are minimal. On the other hand Tables 3 and 4 show distinct

differences in the model comparisons for E0CNP2. In this reactor state

substantial irradiation induced bowing has occurred and, because of fuel

management effects, circumferential variations are significant. Data in

Tables 3 and 4 are representative of conditions at the isothermal refuel-

ing state. Therefore only irradiation induced bowing and load plane con-

straint effects are present in the data. The LP row model results are

seen to underestimate inter-row loads and grossly underestimate intra-row

or bridging forces. The LPB row model results on the other hand compare

favorably with the averaged sector model results.

From thesa preliminary model comparisons it is concluded that the LP model

(load plane effects model) is a reasonably good approximation of the de-

tailed sector model for an unirradiated core. However, for analysis of

those times in life when significant circumferential effects appear, as

during equilibrium cycle, tha LPB model represents a more reasonable

approximation.

VERIFICATION OF RESULTS

Verification of the CRBR core restraint model results has proceeded along

two paths.

1. Verification of calculational procedures by comparison with

independent codes using the same input data.

Comparison of model predictions with experimental results is an ongoing

process. A sector model incorporating the same modeling techniques used

in the CRBR sector model has been constructed for the Westinghouse Core

Restraint Test Facility (W-CRTF). Figure 17 shows a planar view of the

core arrangement in the jf-CRTF and indicates the sector modeled. Compari-

sons of model and test data have been made and are shown in Figure 18.

Initial model results showed significantly greater compaction than test

facility results. Review of the test facility data has suggested several

sources for this difference. One significant effect appears to be twist

between the above core and top load planes. Incorporation of twist effects

into the model are observed to bring the model and experimental results

into better agreement. Continued evaluation of W_-CRTF data and plans for

further testing are in progress to the identify the major effects contri-

buting to the V^-CRTF response. As these effects are identified and their

protypicality established, they will be incorporated into CRBR core re-

straint models.

FUTURE WORK

Developmental effort on the CRBR core restraint models is continuing.

Developments to date have consisted of establishing the basic structure

of core restraint models and determining their validity. Main efforts in

the future will be to improve modeling and analysis techniques. Areas to

be emphasized include:

1. Modeling of the ACLP load pad response.

2. Consideration of additional elastic effects such as

load pad tilt and twist.

3. Consideration of frictional effects.
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2. Comparison of predicted results with experimental results

obtained from the Westinghouse Core Restraint Test Facility.

The calculation procedure verification has been completed by comparison

with NUBOW-3D results obtained by ANL. Although documentation has not

been issued, these results have shown that ANSYS and NUB0W-3D solutions

are very close although the solution techniques are independent.

4. Improved analysis of fuel management effects.

The guiding philosophy in continued model improvement will be to retain

model simplicity as much as possible in order to permit ease of verifi-

cation as well as meet the schedular constraints of the CRBR project.

Secondly, model improvements will be based on better understanding of re-

listic effects as they are obtained from W_-CRTF results.
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ACLP Level BOFC - P/F = 1.0.
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Figure 16. LPB Row Model Inter-Assembly Forces and Assembly Displacements
ACLP Level BOFC - P/F = 1.0.
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TABLE V. COMPARISON OF RESULTS

ACLP LOAD PAD INTER-ROW FORCES

BOFC-OPERATING TEMPERATURE

TABLE 2: COMPARISON OF RESULTS

ACLP LOAD PAD BRIDGING FORCES

BOFC-OPERATING TEMPERATURE

TABLE 3: COMPARISON OF RESULTS
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EOCNPZ - REFUELING TEMPERATURE
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TABLE 4: COMPARISON OF RESULTS
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II-7 Concepts on High Temperature
Design Analysis Tor SNR 300

K. Bieniussa
E. Zolti

Federal Republic
of Germany

- Summary -

The paper briefly describes the evolution, the present

situation and the next activities on the design of high

temperature components of the DEBENELUX prototype fast

breeder reactor SNR-300 with particular regard to the

design criteria.

Elastic structural analyses are performed for the basic

design of the components and are supplied by the manu-

facturer. In agreement with the Safety Experts simplified

and/or detailed inelastic analyses of the critical areas

are supplied by the prime contractor of the plant.

The elastic computations are evaluated on the basis of a

set of design rules derived from ASME Code Case Inter-

pretation 1331-4 but with more conservative limits, and

the inelastic ones on the basis of the ASME Code Case

Interpretation 159 2.

1- Construction of the SNR-300 and Authorization Procedure

in Germany

The DeBenelux prototype LMFBR SNR-300 is being constructed

in KALKAR on the Rhein, close to the German-Dutch frontier.

The project manager is the association INB, whose members

are: INTERATOH (70 %, Germany), MERATOOM (15 %, Holland),

BELGONUCLEAIRE (15 %, Belgium). The owner is SBK, an

association of the electric supply companies of the three

involved countries.

Since the SNR-300 is situated on the German territory,

the authorization to build and operate the plant by the

responsible ministry of the concerned state is required.

The technical evaluation of the plant is performed by

Safety Experts Groups of TÜV at state level and (rela-
(2)

tively to basic safety problems) by RSK at federal
level on behalf of the corresponding ministries.

Recommendations of RSK to the federal ministry return as

instructions to the prime contractor through the state

ministry. The prime contractor has to demonstrate to the

Safety Experts that these instructions have been complied

with and that all the necessary computations meet the

recognized rules.

2- Design Criteria

At present there are no mandatory design-rules specifically

for nuclear components in Germany. Therefore the designers,

the manufacturers and the Safety Experts decided to take

the ASME-Code Sect. Ill as a basis for the design of

structures not experiencing temperatures and loading con-

ditions in the creep range. Difficulties associated with

the choice of the allowable stress-limits for the German

steels were overcome by considering the most conservative

values resulting from the American prescriptions and the

German ones for non-nuclear structures.

The establishment of design criteria for high temperature

components had a particular evolution parallel to the

different editions of the Code Case Interpretation.

At the beginning the stress limits of Code Case 1331-4,

particularly those related to secondary stresses, seemed

to be not enough conservative. Therefore more severe limits

were discussed with the Safety Experts at the time of the

edition of the first Safety Report and established as a
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basis for the structural design. The following edition of

the Code Case 1331-5, even if recommended by the Safety

Experts, could not be employed mostly because of

- lack of inelastic analysis capability

- lack of many material data

- lack of familiarity with these rules

- uncertainties on some failure criteria.

Then an agreement was achieved with the Safety Experts for

a temporary complex of rules to be applied to the design

of SNR-300 components on an elastic computation basis.

The Safety Experts however put the restriction of possible

further analytical evidence, in particular the performance

of detailed inelastic analyses in selected critical zones.

The most important points of this complex of rules are:

- classification of stresses

- primary stress limits according to Code Case 1331-6

- primary stress and secondary stress range

less or equal to 1,5 (Sm(Tmax) + St(Tmax))

where Tmax is the highest experienced temperature

- demonstration of compliance with primary stress and

secondary stress range limits also for emergency con-

ditions for class 1 components

- for the short-time loading caused by the hypothetic Bethe-

Tait accident, considered as Faulted Condition, membrane

equivalent strain less or equal 11 %.

A comparison of the allowable stress limits S and St of

the German austenitic steel 1.4948 and the AISI 304 shows

that the values determined on the basis of the German data

and criteria are considerably below those ones of the Code

Case. For instance, at T = 1050 °F, the values of S (ksi)

1 104 105 2-1O5 3-1O5

10,4 10,4 9,8 (7,8) 7,1 (5,7)

13,6 12,2 8,7 7,3

The values in parentheses result from considering the

minimum values of the creep-rupture strength. Per definition

these are 20 % smaller than the average values. The re-

are:
t (h)

Smt
S mt

(1.4948)

(304)

markable decrease of the 2.10 hours value is due to the

requirement of the Safety Experts to account for the extra-

polation uncertainties.

As far as the evaluation of the results of inelastic

analyses are concerned, no criteria other than those

included in Code Case 1592 are expected to be applied

in the near future. The reason is that until now no

sufficient contribution has resulted from the supporting

experimental work and that the Safety Experts are very

cautious in approving new rules so that the application

of such rules is delayed considerably.

3- Situation of the Structural Analyses

As already mentioned, it was agreed with the Safety Experts

to base the development of the SNR-300 components on an

elastic structural analyses. This could be accomplished

not without difficu._ties because not all the manufacturers

had adequate computational capabilities to carry out

elastic analyses in the necessary extent and quality as

required by a "Design by Analyses". For the prime con-

tractor then it was indispensable to consolidate his

structural analyses department and to cooperate with

foreign firms.

After examination of the elastic analyses the Safety Experts

will decide the extent of the detailed inelastic analyses

to be performed. An establishment of this extent on the

designer's own responsibility, like in USA, is not possible.

Since that represents a severe schedule risk for the plant

operation, the prime contractor decided recently to perform

some inelastic analyses which within measurable space of

time permit an assessment of the structural integrity of

the components for their estimated life. These detailed

inelastic analyses, preceded as far as possible by

simplified approaches, are going to be carried out for

the most critical areas of the primary system components.
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4- Theoretical Development Activities

Works on theoretical developments are running with the

purpose to provide the necessary tools for high temperature

structural design. These works are concerned mostly with

design criteria and with the development and qualification

of an own inelastic analyses program.

The computer Code is a two-dimensional, finite element

program (with 6 nodes triangular elements) with elastic-

plastic-creep capability. For the inelastic part all the

recommendations from ORNL are at present being implemented,

but the possibility is left to account for further new

development in the description of the inelastic material

behaviour.

The activity "Design Criteria" is centered principally on

a review of the presently available design criteria, on

their experimental and theoretical backgrounds, and, if

the case, on the establishment of more adequate rules.

The major concern is related to design rules guarding

against the high temperature failure mode due to creep

ratcheting and creep fatigue interaction.

5- Conclusions

It was shown that to assess the structural integrity of

the SHR-300 components operating at high temperature the

Code Case 1592 is taken as a basis.

The different situation relative to the establishment of

the extent of inelastic analyses, namely

- in the USA on the designer's own-responsibility

- in Germany mostly as prescription of the Safety Experts,

the difficulties to employ the material data of the Code

Case and the use of some more conservative limits result

on remarkably higher costs, but probably also in a more

conservative design. It is to be hoped that the experience

gained with the SNR-300 together with the development of

own qualified computational tools and more adequate design

criteria relative to the time dependent material behaviour

will contribute to bringing the structural design of the

following LMFBR plants also to a high standard of economy,

in addition to that of safety and reliability.

II-8 A Comparison of Two Approxi-
mate Analyses of Piping Sys-
tems in a State of Creep

T. L. Johnstone united Kingdom
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Introduction

Analysis o£ piping systems by finite element methods using detailed constitutive
laws »nd load histories has now become n feasible as well as a theoretical
possibility. Development of such methods has reached the stage where the piping
analyst may choose an element appropriate to the nature of the problem. Thus
doubly curved thin shell elements are available for in depth studies of individual
components whilst elements composed of thin shells of revolution adapted to cope
with the combined leading of elbows are on hand for an analysis of partial system!).
While the latter procedure offers cost benefits over the former both are still too
expensive for use in routine design calculations. In fact drawing an analogy from
elastic piping analysis the degree of specialisation necessary to implement and
interpret the results of a finite element method make it unlikely, even without
the financial limitations, to become an acceptable piping design procedure. However
simpler rationalised approaches are available. The two studied in this paper require
computing times several orders of magnitude less than the finite element method and
yet retain the essential features of piping relaxation stress fields. One of the
approaches considered Is possibly the simplest of all and is that proposed by
Kachanov(i). The presented results show that when compared with the more technically
based superposition of states flexibility procedure proposed by Spence'^) the
Kachanov approach can usefully be used in a preliminary survey to filter out those
designs which are prone to elastic follow up. Such designs can then be reassessed
using the flexibility method with recourse only being made to finite element methods
in exceptional circumstances or for the establishment of bench mark calculations.

Approximate methods of analysis

One of the rationalised procedures considered In this paper is a flexibility analysis
based upon the principle of superposition of states together with creep flexibility
factors for elbows as developed in the work of Spence^3), Currently the range of
application of such factors for elbows Is being extended by Spence and Boyle who
have provided a method for handling uncoupled in- and out-of-plane creep bending
effectsCM as well as an .inalysi.1» of the nteady creep of a thin tube under
combined loading^). For full generality such flexibility methods should be
applicable to three-dimensional multibranch systems and this therefore creates a
need for flexibility factors for tees, nozzles, anchors, reducers, etc under
combined load conditions. As a possible interim procedure pending the development
of a fuller three-dimensional creep flexibility analysis an alternative simplified
method due to Kachanov'^' has been investigated. This method relies only upon the
known elastic solution together with the appropriate generalised creep law for the
material.

A principal feature of Kachanov's method for relaxation calculations is its
generality which is due to the assumption that all stresses in the system will relax
in the s.ime manner. That is the stress field at some time t is simply the initial
stress field multiplied by a function of time.

,y,z; t) = p(t) (1)

The superscript o in equation (1) refers to the initial elastic stress field and
p(t) is a monotonic decreasing function of time. Stress distributions due to primary
loads cannot be described in such a fashion and this therefore provides a natural
limitation on the applicability of the method. Thus the stress fields being



considered should be relaxation fields in which straining due to load controlled
stresses are negligible. The method has been applied to other relaxation problems.
For example non-uniforraly heated disks have been treated by Shesterikov'°), frameworks

The superposition of states approximation assumes that the actual deflection at A,|l)7
Bj_, can be simply obtained by adding these "pure"creep and "pure" elastic parts
viz

by Kachanov , cylinders by Kuba as well as a piping loop by Valenta,
Matousek and Pech^8). Such f

v cylinders by Kuba p p g
^ ) generality is gained at the expense of accuracy in

the calculations for the stress field and strain accumulation. The present paper
makes a comparison between this approximate procedure and the more firmly based
flexibility analysis which uses the principle of superposition of states and
creep flexibility factors. Both methods in the comparison can best be described
in terms of the total complementary power P for the whole piping system:

where the elastic potential energy n at a point is

and the complementary creep dissipation j§ is

$ = J>d-r

Further necessary definitions are the mean stress a given by

<r = /3 (°xx + °yy + CTzz)

the shear stress intensity t where

T = i [ ( a x x " CTyy)2 * . . . ( » • „ - < W a + « « V ^ •••

and the strain rate intensity 7 where

(2 )

(3)

(4)

(5)

(6)

(7 )

K and G are the volume expansion and shear moduli respectively. The creep law
assumed in this paper is the n t n power law due to Norton which in the uniaxial
situation is given by ex = BiCTx

m. This generalises to the multi-axial case by

7 = BT where B = 3 Bj. and 5 becomes

11 ~ 9i + *!i

Then since the pipe is actually anchored q£
equation (9) becomes A

. a$
-) + -zrr- ~ 0

0 and consequently

dt

(9)

0 so that

(10)

Q^ now refer to one set of anchor loads acting on the pipe run. Equations (10)
are n set of three first order differential equations describing the load
relaxation in the pipe system with time. The Integrals 3/at Lit dV and /v§ dV
in eqn (2) are evaluated over the elbow volume by the use of Karman's elastic
and Spence's creep flexibility factors respectively, A more detailed description
of this method and its application to case 1 can be found in Johnstone^),

Turning to Kachanov's method use is made of the principal of complementary power
(see reference (1)). This states that, at some instant, for statically admissible,
time independent variations in the state of stress ö'" P = 0 it being Implicitly
understood that there are no variations taken in the stress rates. Thus

However the Kachanov assumption

O

dv = 0 (U)

°lj(x,y,z; t) = a ij
O(x,y,z) p(t)

implies that it = rt(p) and $ » <$(p). In fact

(12)

>md

B ro+l ro+i „nM-l

f
The subscript and superscript o refers to the initial elastic condition.

Thus the first variation O^P becomes

In the flexibility method if only elasticity were present in the system the elastic
deflection q^ at a point A in the direction of the applied load Qi at A would be,
from castigliano's theorem

e dn A ,
q^ ~ Tjr— where it - Jv ndV

on the other hand if only creep were present then the creep deflection rate would
similarly be

• c 0$ A

q. = -T—- where $ =• / $dV

t C dQ d m „
/ 1 "• — [ 6p dV = 0

or substituting for it and $ from eqn (12), then

. [P
m /v (»4-1) dV + ft 2n°

(13)

Bp = 0 (14)

On further substitution of $ from eqn (8) and taking into account that Bp is
arbitrary then



P B

The circumflex A above a character represents a volume integration over the whole pipe

run. Defining t* to be

I-0*1 Bt/(2ito)

(15) sion and pipe parameter to heat exchanger applications. In both cases creep dataifln
Cor austenitic 37.1 steel have been used. For case 1 ASTM^11' data at 57O°C has
been used and Norton's creep In« takes the following form for uniaxial stress

then eqn (15) is simply integrated to give

p = (1 + (m - D t * ) " " 1

In terms of the two principal stresses Oj. and <J2 for a pipe in bending
t* is given by

(16)

ra+l

dV
t* =

fv
(17)

dV

The subscript o after the parentheses refers to the initial elastic state and for
the elbows these integrals are calculated numerically using stress distributions
developed by Gross^10'. The ratio 0^m L is defined to be the ratio of creep complementary
energy dissipation for the whole run to the -total potential energy. Equation (16)
describes the stress component tfij relaxation and in particular the equivalent
stress o~ =• (oj.2 + o 2

2 - OiO"a) relaxes in an exactly similar fashion. Thus .
relating the equivalent stress through Norton's law to the creep strain rate "ic

then

Pm(t)

substituting from eqn (16) and integrating gives

(18)

(19)

( i + (ra-i)EB1tak
m-:L)m-:

Taking as a reference elastic equivalent strain e to be Oo/E then we obtain

- P(t)] (20)

which represents the degree of strain accumulation at a point in the system where
l m-1

the equivalent stress is cro- Clearly if the ratio <JO IO\, is less than one
strain concentration cannot occur whereas if the ratio is greater than one strain
accumulation may occur, depending on the value of (1 - p(t)). This ratio could
be used as a measure of the amount of elastic follow up possible in a system.

Results

Two reference configurations hive been studied, the first case, fig l(a), is
typical of MFBR sodium ducting whilst the second, fig l(b) relates more in dimen-

a4-722€ = 3.265 x 10

where a is in MPa.

However for Case 2 a study of the effect of temperature on creep rates has been
included and data for 321 have been obtained from Odijuist'''^'. Fig 2 Indicates
the variation of the creep parameters with temperature. Note that in Case 2 only
a small part of the tube run is assumed to be in the creep regime. The stress
relaxation and strain accumulation responses are examined at two representative
points. The first point (D in fig 1) is located at an elbow whilst the second
(S in fig 1) is situated at an anchor point of the system.

Figs (3) and (4) demonstrate the system response for Case 1 using both approximate
procedures. Note that in this instance the highest stressea occur at an elbow (D)
and that the strain accumulation at the anchor (S) is virtually non-existent. In
Case 2 the peak stress occurs at the anchcr (S) and figs (5) and (6) show that
both methods predict very high strain concentrations at this location. Strains
of the order of one elastic .(train are also predicted for the elbow (D) by both
methods. The effect of a temperature variation between 600°C and 54O°C on the
system response has been investigated for Case 2 using Kachanov's procedure and
the responses are plotted in figs (7) and (8).

Discussion of results

The results for Case 1 computed on the basis of Kachanov's method tend to suggest
that this simple procedure provides lower bounds to the stress relaxation and
upper bounds to the strain accumulation predicted by the more involved creep
flexibility method. However the results for Case 2 do not bear out this conjecture.
In fact the stress reversal at D for Case 2 (see fig (5)) indicating the passage
of the thrust line through D can never be predicted by the Kachanov theory on
account of the fixed nature of the thrust line in this approach. Thus Kachanov's
method is not consistently conservative in comparison with the more realistic but
more complex creep flexibility method. However In broad terms Kachanov's method
indicates areas prone to elastic follow up and is capable of showing the advantage
of one pipe layout over another in this respect with very little further computation
once the elastic solution is known. In the case of a general three dimensional
pipe system the method is obviously a useful readily available procedure and even
when the corresponding flexibility analysis has been developed Kachanov's method
will be valuable in quickly picking out those layouts which should be further
analysed using the superposition of states approach in conjunction with the energy
factors of Spence and Boyle for combined loadings.

Despite its shortcomings Kachanov's method has been used to gain a feel for the
effect of temperature variation on the system behaviour for Case 2. Figs (7) and
(8) indicate a significant difference between the relaxation and strain accumulation
responses. The latter indicates large strain accumulations at the most highly
stressed location (S) virtually independent of temperature (in the range 540 C -
600 C) at 105 hours, whereas the relaxation response is almost linear with temper-
ature at large times. It is felt that such a phenomenon should be further
investigated using the creep flexibility approach or Ideally an analysis using
at least the reduced shell finite element method. This would then provide a much
needed bench mark for assessing such calculations.
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II-9 Considerations for Weldment
Design for Elevated Tempera-
ture Applications

B. C. Wei United S ta tes

ABSTRACT

The mechanical and physical properties of a weldment can differ

significantly from those of a base material with a similar chemical

composition. Material property data in the base metal, heat-affected

zone and weld metal vary significantly within t? weldment. There is a

dearth of information regarding the material behavior of the various

regions of a weldment.

Because of the scarcity of data and because of the metallurgical and

structural complexity of the ueldments, current design practice does

not generally take detailed account of the behavior of the weldments,

either in terms of criteria limits or in terms of deformation behavior

of weldments into structural analyses. Rather, careful consideration

is given to the type and location of welds, to weld materials and

to examination of welds; and reliance is placed on the factor of safety

used in deriving stress limits from base metal properties to guard

against failure of welds. Tn some cases, such as the K-stress indices

factors given in Section III of the A S M code for piping and piping

components, determination of these constants are based, in part, on

fatigue tests of welded pipe joints. Experience has shown that this

approach is adequate at subcreep temperatures «here design stress

limits are, for the most part, intended to prevent gross inelastic

deformation.

At elevated temperatures, where tine-dependent creep deformation and

time-independent plastic deformation can occur, there is a need for

more direct consideration of weldments in design criteria and design

analysis. Unfortunately, weldment behavior is even more complex at

elevated temperatures than at subcreep temperatures. ASME Code Case

1592, Appendix T, 'Rules for Strain, Deformation and Fatigue Limits

at Elevated Temperatures," states strain limits for structural

integrity as follows:

And

Strain averaged through the thickness 1 percent

Strain at the surface, due to an equivalent

linear distribution of strain through the
thickness 2 percent

Local strains at any point 5 percent

Inelastic strains accumulated in the weld
region shall not exceed one-half the strain
values permitted for the parent material.

The code thus recognizes the possible limited ductility of weldments

at elevated temperatures and the potential for high strain concentration

in weldments. The code, however, allows the use of parent material

properties up to the centerline of the weld, in calculating strain

deformation in a weld region.

In this paper, the Material behavior of weldments of Types 304/316

stainless steel is examined from the point of view of its significance

to design of weldment for elevated temperature construction. Of

particular interest are the variations of mechanical properties across

the thickness of weld such as the yield strength and hardness traverse

and the characteristics of weldments in creep and rupture, heat-

affected zones, anisotropy, fatigue and resistance to subcritical

growth.

Illustrative examples of finite element analyses considering finite

divisions of weld areas in welded structural joints are also shown.

Some conclusions are also drawn with respect to practical design

approach as applied to welds to be used in components for elevated

temperature services.

ASME CODE CASE 1592

• STRAIN LIMITS FOR INELASTIC ANALYSIS

- STRAIN (AVERAGE) 1%

- STRAIN AT SURFACE (LINEAR) 2%

- STRAIN (LOCAL) 5%

112

. ACCUMULATED e >T 54 £
PAnENT

• ALLOW USE OF PARENT MATERIAL PROPERTIES IN
WELD REGION

FIG. 1.
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VARIABLES GOVERNING WELDMENT PROPERTIES

• CHEMICAL COMPOSITION
- FILLER METAL
- BASE METAL DILUTION
- FLUXES
- WELDING ATMOSPHERE

• JOINT DESIGN
- SHAPE OF WELD CROSS SECTION
- RESIDUAL STRESS PATTERN

• WELDING PROCESSES AND PARAMETERS
- GTA, GMA, SMA, SA PROCESSES
- NO. & SEQUENCE OF PASSES

- POSITION OF WELDING

• WELD SOUNDNESS

• BUILT-IN DISCONTINUITIES
- INCLUSIONS, POROSITY, SHRINKAGE DEFECTS,

LACK OF FUSION

FIG. 2.

WELD PROPERTIES

OPERATING CONDITIONS
- BEHAVIOR DURING THERMAL CYCLING
- INTERACTION WITH ENVIRONMENT: MASS TRANSFER,

CORROSION
- EFFECTS DUE TO NEUTRON FLUENCE. FLUX, SPECTRUM

AND IRRADIATION TEMPERATURE

NOMINALLY AUSTENITIC WfcLDMENTS

- SECOND PHASE: FERRITE
- SIGMA PHASE-FORMED IN SERVICP. AFFECTING HIGH

TEMPERATURE DUCTILITY AND ROOM TEMPERATURE
TOUGHNESS

ANISOTROPY

FATIGUE BEHAVIOR

I?2
1OOO-

500

I-
Lü

|
Q.
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DISLOCATION LINE
DENSITY IN AUSTENITE

0.25 0.50 0.75 1.00 1.25

DEPTH BENEATH WELD SURFACE (in.)

54004 FOIL 5400Ä FOIL 2600& FOIL
(5.5*IOl5loops/crn3)

FIG. 3.

VARIATIONS OF MICROSTRUCTURE, CREEP AND TENSILE PROPERTIES OF
A SMA TYPE 308 SS WELD WITH CONTROLLED RESIDUAL ELEMENTS (CREl.
TESTS AT 1100° F. -pjQ 4
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MAP OF RUPTURE TIMES AND TOTAL ELONGATIONS"
FOR TYPE 308 CRE SS WELD METAL AND TYPE 304 SS
BASE METAL TESTED AT 1100°F.

FIG. 5.

CHANGE IN 0.2% YIELD STRESS IN TYPE 308 CRE SS
WELDMENT USING TYPE 304 SS BASE METAL. NOTE
THE VARIATION OVER A 1-INCH-LONG REGION OF
HEAT-AFFECTED ZONE.

FIG. 6.
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(a) VIEW PARALLEL TO ORIGINAL WELD SURFACE
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(a) Specimen Details.

0 0.5
1 I I I I I

INCHES

VIEW PERPENDICULAR TO ORIGINAL WELD SURFACE

.008

.00«

TWO VIEWS OF THE GAGE SECTION OF A TRANSVERSE
WELDMENT TENSILE SPECIMEN PULLED AT RT. THE LEFT
HALF HAS BEEN CUT, POLISHED AND MACROETCHED TO
REVEAL WELD METAL AND BASE METAL AND IS ROTATED
180 DEG ABOUT ITS AXIS. LOCAL DIAMETRAL STRAINS
ARE INDICATED.

FIG, 8.
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L.G.J. Janssen The Netherlands
B. van der Schaaf

III-l Elastic-Plastic Analyses of
Round Hour-glass Shaped
Creep-Fatigue Interaction
Specimens Under Tension in
Comparison with Experimental
Results

SUMMARY

From elastic analyses it was concluded that in hour-glass shaped

specimens with a body radius of 100 mm and provided with ridges for

axial strain measurements maximum damage for both creep and fatigue

is introduced in the smallest section. Therefore this type of

specimen is suitable for the study of creep-fatigue interaction.

It has also been found from plastic analyses that the axial strain

measured over the gage length divided by the axial strain at the

smallest section, the strain ratio, is a function of tensile stress.

The calculated functions were verified experimentally for tensile

conditions at 823 K. Calculations and experimental results were found

to be in good agreement. The minimum of the tensile strain ratio is

.69 for a specimen with a body radius of 450 mm and .67 for a specimen

with a body radius of 100 mm. Elastic-plastic analyses of hour-glass

shaped specimens with body radii of 38.1, 100 and 450 mm showed that

for all specimen geometries diametral strain measurements give a more

accurate figure for the axial strain in the smallest section of the

specimens than axial strain measurements over the gage total length.

gramme have chosen one special geometry only to study creep, low-

cycle fatigue and their interaction. This specimen has an overall

length of 77 mm, a 21 mm gage length and an 8.80 mm gage diameter,

see fig. la. The body oE the gage length is hour-glass shaped with

a radius of 450 mm. During the first part of the experimental pro-

gramme however it was found that fatigue cracks were initiated near

the measuring ridges whereas the largest creep damage occured in

the middle of the specimen. The difference in location of both

mechanical damage types renders this specimen geometry unsuitable

for the study of creep fatigue interaction.

To improve the specimen geometry in such a way that fatigue and creep

damage are both introduced in the smallest section, an elastic ana-

lysis of a specimen with a body radius of 450 mm and one of 100 mm

under tension has been carried out, resulting in favour of the

specimen with a body radius of 100 mm, see fig. Ib.

At the same time the difference of the axial strain measured over the

ridges and the axial strain in the smallest section of hour-glass

shaped specimens have been analysed and experimentally verified to

get an idea of the influence of the body radius on the accuracy of

the axial strain measurement. To facilitate the comparison of results

the strain ratio, R , has been defined as:
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I. INTRODUCTION

In nuclear power reactors several components are subjected to creep

and low cycle fatigue. Therefore the interaction of creep and fatigue

damage is an important point of consideration to safety authorities.

R.C.N. is participating in an experimental programme started in order

to provide the authorities with data on material properties in refe-

rence and irradiated condition. An important part of this programme

is devoted to the creep fatigue interaction of I8%Crll%Ni stainless

steel intended for the SNR-300 liquid metal fast breeder reactor tank

(German material designation DIN 1.4948).

To avoid problems arising from experimental results obtained by tes-

ting specimens with different geometries, the partners in the pro-

where : e = axial strain measured over the total gage length

of 21 mm.

e = axial strain measured over the subgage length

s < 21 mm.

The results on the dependence of R on the gage length s are included

in this report.

Furthermore an analysis is given of the diametral strain in the

smallest section of hour-glass shaped specimens with body radii of

38.1, and 100 mm in comparison to the axial strain at the same

location, see figs, lb and c.



2. PROCEDURE

2.1 Analyses

2.1.1 Geometry and element lay-out

The geometries of the three analysed specimens are given in figs, la,

b and c. The specimens with body radii of 100 and 450 mm are provided

with ridges to clamp the axial strain measurement devices over the

gage length. The specimen with a body radius of 38.1 mm is taken from

Slot et al (1). This specimen has no ridges to clamp axial strain

measuring devices. The element lay-out of the specimens used in the

analyses is given in figs. 2a, b and c. The element type used is an

axisymmetric, 8 node distorted quadrilateral (element 28 of the HARC-

Program). The element is a second order isoparametric element. The

stresses and strains in the element are given in nine internal in-

tegration points.

From fig. 2c it can be seen that the grip part of the strongly hour-

glass shaped specimen is omitted in the analysis. The influence of

this omission on the stresses and strains in the hour-glass shaped

part is investigated by means of elastic analyses. From these

analyses it could be concluded that the cylindrical part of the

specimen is long enough to level out all stress and strain disturb-

ances from the grip part.

2.1.2 Material properties

The employed material is AISI type 304 stainless steel with the

German designation DIN 1.4948. The chemical composition of the alloy

is indicated in- table 1, that has been complemented with the limits

for the chemical composition of AISI type 304. The form of the material

before specimen production was sheet, finally hot-rolled to a thick-

ness of 20 mm and subsequently solution annealed and quenched. The

ASTM grain size number of the sheet varies from 3 to 5 (average grain

diameter of about 100 urn).

In the analyses the mechanical properties determined for a temperature

of 823 K are used. The engineering stress-strain curve of a specimen

with a rectangular cross section tested at that temperature is given

in fig. 3.

The elastic data are:

E = 152102 MPa

v = 0.3

o yield = 58.0 MPa

The workhardening slopes E must be entered in the programme as the

change in stress per unit of plastic strain. Therefore the workharden-

ing slopes of the stress-strain curve of the material are represent-

ed as:
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V
Epl

V
Epl

Epl

EP1

2.1.

= 119284.5 MPa

= 24.085 • E

= 3000.0 MPa

= 2421.0 MPa

= 1864.0 MPa

= 1472.0 MPa

3 Calculations

0.0
-.882

MPa 0.0001

0.004

0.02

0.03

0.05

< e P l

< E P 1

< e p l

< e p l

< £ P 1

< 0.0001

< 0.004

< 0.02

< 0.03

< 0.05

From elastic analyses it could be concluded that the different

possible ways of applying the load on the specimens, do not influence

the stress and strain distributions in the hour-glass shaped parts

of the specimens. Therefore the load is applied as a uniform distribut-

ed traction on the end-plane of the specimens.

The calculations are performed in the following subsequent steps:

1. With a prescribed load an elastic analysis is carried out. From

this analysis the maximum equivalent von Mises stress is

calculated.

2. The initial loading is scaled up to the yield load of the specimen.

(The max. equivalent von Mises stress is equal to the yield stress).

3. The plastic analysis starts using incremental load steps which

are equal to 0.1 times the yield load.

From the procedure described above it follows that due to the diffe-

rent stress concentration factors of the specimens, the loading steps

in the plastic analyses of the respective specimens are not equal.



2.2 Experimental procedure

From 20 mm thick stainless steel sheet the interaction specimens have

been made by turning and grinding:

- A nearly-cylindrical specimen with a gage length of 21 mm and a

body radius of 450 mm, see fig. la.

- A more pronounced hour-glass shaped specimen also with a gage

length of 21 ram, but with a body radius of 100 mm, see fig. 1b.

The main difference in these specimens is the body radius.

On the specimens gage length three subgage lengths have been marked

by deposition of gold vapour in layers of about 100 X in thickness.

Each specimen is therefore provided with six gold rings (about 0.3 mm

wide) around its gage length. The distances have been chosen in such

a way that the three subgage lengths of 5 mm, 10 mm and 16 mm

were uniformly distributed over the 21 mm gage length. Before testing,

the specimens have been heat-treated for 24 h at 823 K in order to

check the quality of the rings at elevated temperature. After the

heat-treatment the gold rings are clearly visible in the Scanning

Electron Microscope (S.E.M.), see fig. 4. All gage lengths are measur-

ed on two opposite sides in the S.E.M. Marking of the subgage-lengths

by hardness indentations or etchants has been rejected, because of the

eventual initiation of cracks at the markers.

The tensile tests were performed on a creep machine with a cantilever

loading device. This type of machine provides quite simple means to

load and unload specimens, which are subjected to an interrupted ten-

sile test, accurately. The three zone furnace control equipment could

be adjusted in such a way that the test temperature of 823 K was at

equilibrium within 3 ks without overshoot. After tenperature equili-

brium the specimens have been loaded to the required stress level. The

length increase was determined with two attached creep extensometers.

Then the specimens were unloaded and the furnace removed, so the spe-

cimens have been cooled rapidly in quiet air. When reaching room

temperature the specimen is removed and placed in the S.E.M. where

all gage lengths are measured in duplo with an absolute accuracy of

4 um. In this way the plastic tensile strains accompanying each stress

are determined against the original length measured after the 24 hrs

heat-treatment at 823 K. After measuring the gage lengths the speci-

mens are placed back in the creep machine.

All plastic tensile strains for the calculation of strain ratios

are determined at room temperature, whereas the elastic-plastic

stress-strain analysis has been carried out for conditions at 823 K.

The comparison of measurements and calculations in terms of strain

ratios, however, is justified, because the strain ratios are compos-

ed of relative strains expressed in percentages. In that way the

differences in strains, due to fractional influences of elastic and

thermal expansion, are eliminated.

3 . RESULTS
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3.1 Analyses

3.1.1. Slightly hour-glass shaped specimens

(R = 450 mm and R = 100 mm)

The calculated stress and strain distributions in the hour-glass

shaped part of the specimens are represented by means of stress and

strain contour plots. Figs. 5a and b show the equivalent stress

distribution of both specimens at first yield (a = 58 MPa).

Fig 6a shows the equivalent stress distribution for the specimen with

R = 450 mm after loading step 28.

Fig 6b shows the same distribution for the specimen with R = 100 mm

after loading step 24.

Figs. 7a and b show the equivalent plastic strain distributions after

the same loading steps.

Figs. 8a and b show for both specimens the extension of the nlastic

region for a number of subsequent loading steps.

In order to be able to compare the results of the calculations and the

experiments strain ratios will be used. The strain ratio as determined

by calculations is defined as the ratio of the average axial strain

over the 21 mm gage length and the axial strain at the surface in the

middle of the specimens. The measured axial strain ratio is defined

as the average axial strain measured over the 21 mm gage length and

the average axial strain measured over the 5 mm subgage length (between

the gold rings).



Fig. 9 shows the ratios defined above as a function of the average

axial stress in the middle of the specimens. The experimental results

are indicated by stars and dots.

3.1.2. Strongly hour-glass shaped specimen ( R = 38,1 mm)

The calculated stress and strain distributions in the hour-glass

shaped part of the specimens are also given in some stress and strain

contour plots.

Fig. 10a shows the equivalent stress distribution at first yield

(a = 58 MPa).

Figs. 10b and c show the equivalent stress respectivily equivalent

plastic strain distribution after loading step 28.

In testing these specimens radial strain measurements are applied.

Therefore it is interesting to know the ratio of the axial strain

computed from radial displacements to the maximum axial strain in

the middle of the specimen.

Fig. 11 shows this ratio as a function of the average axial stress

in the middle of the specimen.

As a comparison the same ratio of the slightly hour-glass shaped

specimen with R = 100 mm is represented in this figure.

3.2 Experimental results

In tables 2 and 3 the plastic tensile strains of the four gage lengths,

going with each tensile load, are shown. In tables 4 and 5 the strain

ratios of the subgages 5, 10 and 16 mm, expressed in the 21 mm gage

strain, respectively R_, R._ and R , are given. It is evident from

the tables that the strain ratio R is changing more with the tensile

load than R,., whereas R.„ holds an intermediate position. This is
I b 1 U

not surprising because with increasing gage length the 21 mm gage is

increasingly approximated. Surprising is the result that R., of the

specimen of 450 mm body radius rises as high as .93 whereas R of the
16

100 mm body radius rises until 1.00. All strain ratios, R , (.body

radius 100 mm excluded), show a saturation level of about .90 for

about 260 MPa.

Since the centre of the specimens is the location of the interaction

of tensile, creep and fatigue damage, the R_ strain ratios will be

of main importance to express the plastic strains in the smallest

sections. In fig. 9 the calculated ratios have been plotted for both

geometries.

On the plot measured values of R,. for both geometries are included.

The fit between experimentally obtained values and the calculated

curves, although not perfect, is satisfactory. The experimentally

obtained lowest strain ratios are .69.

and .67 at about 120 MPa, the lowest calculated strain ratios are res-

pectivily .72 and .67 at 120 MPa tensile stress. In the interval from

120 MPa to 220 MPa the strain ratios rise rapidly to a level of about

.90.

The experimentally determined Rj. of specimens with a body radius of

450 mm is about .07 higher than those for specimens with a body radius

of 100 mm in this interval. The calculated difference in this interval

is about .05. For stresses between 220 and 340 MPa the experimental

strain ratios are both about .90. The calculated curves have only

been indicated for stresses up to 220 MPa, because for stresses over

220 MPa the accuracy of the calculation decreases rapidly, due to the

complexity of the stress-strain problem (large strains and geometry

changes). At a tensile stress of 220 MPa the R, of a specimen with a

body radius of 450 mm has been calculated as .86 and for the speci-

mens with a body radius of 100 mm as .82.

For stresses over 340 MPa the experimental strain ratio decreases as

a result of necking of the specimens. For stresses below 120 MPa

there are no experimental data available. The reason for this omission

will be discussed in paragraph 4.2.

In the preceding lines the experimental results and calculations

have been compared on the basis of the tensile loads, which results

to the agreement shown in fig. 9. The comparison of measured and

calculated strain on the basis of the tensile loads in the

5 mm gage length presents a less harmonious picture. This is illu-

strated in table 6 where the calculated and measured plastic strains

in the 5 mm gage length can be compared. There is an increasing

difference in calculated and measured strain with increasing stress.

In the interval of 120 MPa to 220 MPa the absolute differences

between the measured values and the calculated values increase

from 0.006 to 0.03. These discrepancies will be discussed in

paragraph 4.2.
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4. DISCUSSION

4.1. Analyses

From fig. 5a it can be seen that for the specimen with R = 450 ram the

highest elastic stresses occur near the measuring ridges. This stress

concentration causes the fatigue-crack to take place in this region and

not in the middle of the specimen. The highest elastic stress in the

specimen with R = 100 mm is .located in the middle of the specimen

(see fig. 5b). Therefore this specimen is suitable for creep fatigue

interaction experiments.

From fig. 9 it appears that the ratios of the strain measured axially to

the axial strain in the middle of the specimens with R = 450 mm

respectively 100 mm are strongly dependent on the axial stress.

The difference in the ratios in the elastic region of both specimens

is partly due to the stress concentration near the measuring ridges

in the specimen with R = 450 mm.

The strong decrease of the ratio at stresses between 58 HPa en 120 Mpa,

from elastic behavior to 0.4% plastic strain, is caused by two

mechanisms.

- The first mechanism is the great variation in the slope of the

stress-strain curve in this stress region. E . varies from

152.000 MPa to 3000 MPa (see paragraph 2.1.2 and fig. 3).

Consequently small strain variations cause great differences in E ..

- The second mechanism is that very local increase in strain in the

middle of the gage length has little effect on the total axial

strain. The increase in strain in the middle of the specimen has

therefore a large effect on the strain ratio.

The influence of both mechanisms levels out at stresses higher than

120 MPa. Thereafter the ratio increases again up to about .90.

Fig. II shows for the specimens with R = 38.1 respectively R = 100 mm

the ratios of the axial strain computed from radial deformations to

the maximum axial strain in the middle of the specimens. From this

figure it can be seen that even for the strongly hour-glass shaped

specimen in the elastic region radial strain measurements have about

the same accuracy as axial strain measurements. In the plastic region

however radial strain measurements give a much better representation

of the actual strain in the middle of the specimen.

The variations in these ratios are caused by the shift of the maximum

stress from the surface to the centerline o£ the specimen.

The increase of the ratio at higher stresses can be explained in the

same way as for the axial strain measurements.

4.2 Accuracy of the strain measurements

The qualityof the experiments depends on the quality of the strain

measurements. The lengths of the sub-gages have been measured in a

S.E.M. equipped with a goniometer and micrometers with an absolute

error of 2 i-m. In principle the accuracy could have been improved by

utilizing optical measuring techniques, with a potential o£ an absolute

error as low as 0.I um. The optical contrast of the gold rings and the

oxidized surface of the specimens however, is insufficient to apply

optical techniques to their full extent. The contrast obtained by se-

condary electrons in the S.E.M. provided more accurate length measure-

ments. Since the total gage length is determined by subtractions of

two micrometer readings, each with an absolute accuracy of 2 ,«m, the

gage lengths can contain an absolute error of 4 ^m. The strain, a

length increase determined by subtraction of two measured lengths,

thus contains a maximum absolute error of 8 um. This means that for

low strains the relative error in the strain ratio can increase consi-

derably. Taking the \7, plastic tensile strain of gage length 5 mm as

an example to calculate R,. illustrates this clearly.

The strain ratio R is calculated as follows:

21
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For relative strains of about 17. in (J.,|)Q a n d ^5^0 W e ''ien g e t h y

substitution:

210 i 8 5000 ± 4 _ rel. error 4% rel. error 0.1%
= 50 + 8 X 21000 + 4 rel. error 167. rel. error 0.02Z

So the relative error in R_ for strains o£ about 1%, can maximally be

4% + 16% = 20% (neglecting the relative errors of 0. \7, and smaller).



Since the measurements are carried out in duplo on two opposite sides

of the specimen, the probability that the absolute error is totally

included in the strain ratio is rather small. But it seemed unrealistic

to go to lower strains where the maximum relative error is larger than

the maximum effect to be measured: circa 30% change in strain ratio.

Therefore a minimum tensile stress of 120MPa has been chosen.

Since the absolute error remains constant with increasing strain it is

evident that the relative error decreases linearly. For tensile strains

of 57. and more of the 5 mm gage length the maximum error in the deter-

mination of strain ratios is 3% or less.

When the tensile tests reach completion a pronounced reduction of

accuracy is observed. Heavy tensile deformation causes twisting of

the grains and grain boundary sliding. The grain size number is ASTM

3-5, so there are grain diameters of 200 um and even more.These diameters

are thus in the range of the increase in length of a gage length after

a loading sequence. It occurred that some gold rings had deformed

locally during testing because of severe deformation of one or two

grains at the surface of the specimen. In the high tensile stress

region over 340 MPa the accuracy in the determination of R is reduced

because of those strongly deformed clusters of grains or individual

grains near gage length markers, see for example fig. 12. Quantifying

this reduction in accuracy is very hard if not possible at all.

It can be concluded that for tensile tests the strain ratios, goinp,

with stresses in the interval of 180-340MPa, contain a maximum rela-

tive error of 3% or less. Outside these limits the maximum error is

larger.

4.3 Comparison of calculated and experimental results

When comparing the absolute values of calculated and measured tensile

strains for the gage length of 5 mm an increasing discrepancy is observed,

see table 6. On the average the measured strains for hoth specimen

geometries increase circa 0.30% after each loading sequence as com-

pared to the calculated strain going with each stress. These experi-

mental results can be explained by recovery of the original, internal

stresses and strains during a loading sequence. When the specimens

are unloaded, cooled down and measured, the stress-strain variations

in the specimens in axial and radial direction can flow away without

much external plastic straining. This !8CrllNi type stainless steel is

known to be very susceptible to relaxation (2) so this assumption is

not very unrealistic.

Experimental observations of interrupted creep tests corroborate the

assumption and can serve as an indication of the quantity of the plas-

tic straining due to recovery of the stress-strain pattern of the

proceding creep sequence. The initial plastic strain measured during

the loading phase of each creep sequence with creep extensometers

has an average of about 0.20% for both specimen geometries. After the

initial plastic straining of those creep specimens, always accomplished

within 30s, the specimens showed the normal creep straining behaviour,

which would be expected in an uninterrupted test. This average

of 0.20% is judged to be a good estimate of the plastic recovery strain.

The average of 0.20% is more or less in accordance with the increase of

circa 0.30% plastic strain per sequence in interrupted tensile test.

The discrepancy in measured and calculated plastic tensile strains must

therefore be attributed to plastic straining owing to recovery of the

stress-strain distribution in the specimen of the preceding load

sequence. On the strain ratios the influence of restoring the original

stress-strain pattern is neglible, because all gage lengths are affected

by the recovery of the relaxation approximately to the same extent.

The accuracy ruling factors for the elastic plastic calculations of

tensile loaded specimens are mainly:

- The number and type of finite elements.

- The model used for elastic-plastic deformation.

- The quality of the material data.

The tensile load calculations are based on an engineering stress-

strain curve. The curve has been recorded for a specimen of DIN

1.4948 with a rectangular cross-section tested at 823 K. The first

part of the curve is for reasons of convenience in the calculations

represented by straight lines and one exponential function up to 5%

tensile strain. Given a certain number of finite elements, which is

limited because of the price of computer time, the accuracy in strain

ratios is estimated to be about 57. for stresses below 180 MPa and

ratios below .86.

In fig. 13 the calculated tensile ratios are plotted against the

measured tensile ratios going with the same stress. The correlation
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factor is 0.96 and the absolute standard error is 2% which is remark-

ably good, especially when considering the possible maximum errors

given in section 4.2, which would have allowed a much wider scatter

band. So it must be concluded that the agreement between calculated and

experimentally determined values of the strain ratios, compared on

the basis of applied stresses is very satisfactory, considering the

accuracy of the calculations and experiments.

4.4 Future work

The specimens analysed in this report are used in a creep fatigue

interaction programme. Therefore the experimentalists should be

provided with the axial strain ratios under creep and cyclic loading

at different temperatures. The axial strain ratios given in this

report, however, are only applicable for time independent tensile

tests at 823 K. But from their nature it can be derived that addition-

al calculations and experiments will be necessary to investigate the

influence of creep, cyclic loading and material properties on the

strain ratios. The main part of this future work should be devoted

to specimens with a body radius of 100 mm or less, for specimens with

larger body radii are unsuitable for creep fatigue interaction tests.

5. CONCLUSIONS

1. Hour-glass shaped specimens with a body radius of 100 mm and provid-

ed with ridges for axial strain measurements are suitable for creep

fatigue interaction experiments, because the maximum creep and

fatigue damage are both introduced in the smallest section.

2. In the plastic tensile deformation region, however, it is found,

that radial strain measurements give a much better representation

of the axial strain in the middle section of the specimen, than

axial strain measurements over the g;:;je lengths.

3. The agreement between calculated and experimentally determined

axial strain variations along the specimen axis, as expressed in

strain ratios, is satisfactory considering the i><-curacy of the

calculations and experiments.

4. It is necessary to perform additional calculations and experiments

to investigate the influence of creep, cyclic loading and material

properties on the strain ratio for the specimen with a body radius

of 100 mm.
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8. TABLES AND FIGURES

Table I : Chemical composition of ISCrllNi stainless steel sheet

(DIN 1.4948) and A1S1 304 limits in weight percentages.

Analysis

DIN 1.4948

AISI 304
limits

C

0.053

< 0.08

Cr

17.8

18-20

Ni

11.3

8-12

Mn

\.8O

< 2.0

Mo

0.05

Si

0.44

< 1 .0

Table 2 : Plastic tensile strains in percentages of 4 different gage

lengths for a specimen with a body radius of 450 mm.

Stress

(MPa)

120

140

160

180

220

260

300

340

360

370

380

Gage length (mm)

5

2.39

2,98

3.85

5.20

7.50

10.14

15.68

21.43

27.93

34.55

92.76

10

2.41

2.80

3.85

5.03

7.59

10.06

15.40

20.96

27.11

33.47

69.00

16

2.21

2.69

3.71

5.00

7.48

9.81

15.14

20.55

26.22

32.00

56.45

21

1.64

2.37

3.33

4.47

6.83

9.09

13.96

18.75

23.99

29.03

47.14



Table 3 : P l a s C i c tensi le s t ra ins in percentages of U different gage
lengths for a specimen with a body radius of 100 mm.

Stress

(MPa)

120

no
160

180

200

220

240

2 6 0

280

300

320

340

360

370

380

Cage length (mm)

5

1.22

2.16

3.11

4.40

5.50

6.86

8.22

9.7S

11.80
14.22

16.66

20.41
25.50

32.50
97.50

10

1.03
1.97

2.80

4.08

5.14

6.56

7.96

9.54

11.59
13.87

16.25

20.21
24.70

30.85
67.32

16

0.88
1.70

2.63

3.71

4.77

6.08

7.49
8.87

10.68
12.63

V..98

18.12
22.00

26.90
51.28

21

0.82
1.52

2.42

3.46

4.56

5.84

7.29

8.81

10.66
12.71

15.03

18.41
22.06

26.62
43.87

Table 5 : Strain ratios of the 21 mm gage length over 5, 10 and

16 mm gage lengths of a tensile tested specimen

with R = !00 mm.
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Table 4 : Strain ratios of the 21 mm gage length over 5, 10 and

16 mm gage lengths of a tensile tested specimen

wich R = 450 mm.

Stress

(MPa)

120

140

160

180

200

220

240

260

280

300

320

340

360

370

380

Gage length (mm)

5

.67

.70

.78

.79

.83

.85

.89

.90

.90

.89

.90

.90

.87

.82

. 45

10

.80

.77

.86

.85

.89

.89

.92

.92

.92

.92

.92

.90

.89

.86

.65

16

. 9 3

.89

.92

. 9 3

.96

.96

.97

.99

1 .00

1.01

1.00

1.01

1 .00

.99

.86

Stress

(MPa)

120

140

160

180

220

260

300

340

360

370

380

Gage length (mm)

5

.69

.80

.86

.86

.91

. 9 0

.89

.87

.86

.84

.51

10

.68

.85

.86

.89

.90

.90

.91

.89

.88

.87

.68

16

.74

.88

.90

.89

.91

.93

.92

.91

.91

.91

.84

Table 6 '• Measured and calculated p las t ic tens i le s t ra ins and their

differences.

Load

(MPa)

120

140

160

180

200

220

Strains

calculated

s t r a i n %

0.6i

1.29

1.93
2.70

3.57

4.65

measured

R=l00 mm

1.22

2 . 1 6

3.11

4 . 4 0

5.50
6.86

strains Z

R=>450 mm

2 . 3 9

2.98
3.85
5.20

—

7.50

Strain difference
radius 100 mm
Emeas.-Ecalc.

( 1 )

0.61
0.87
1.18
1.70

1.93

2.21

radius 450 mm

mcas.- ca lc .
(2 )

1.78

1.69

1.92

2.50

—

2.85

(I) Average Increase in s t ra in difference per sequence O.32Z

(2) 0.27%
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TENSILE TEST OF 18 Cr 11 Ni SS.
TEST TEMP. 823 K. .
STRAIN RATE .0004 s"1.

i 1

10 15
ENG. STRAIN (%)

2 0 2 5 3 0 3 5 4 0

Fig. 3 : The engineering stress-strain curve of the material

at a temperature of 823 K.

Fig. 4 : The contrast of a gold layer (100 $ in thickness) and

the oxidized surface of the specimen after 24 h. at 823 K.

S.E.M. micrograph. Magnification 150 X.

R:450mm P«P,

131

Fig. 5 : Equivalent stress (MPa) distribution at first yield.

P = yield load.

R«450mm

R «100mm

Fig, 6 : Equivalent stress (MPa) distribtuion at a load of

3.8 (3.4) times the yield load.



R=450mm P=3.8P.

R :100mm P=3.4PV

\3.5

2.0

3.0

Fig. 7 : Equivalent plastic strain distribution in percentages

at a load of 3.8 (3.4) times the yield load.

R= 450mm .2.0

R'IOOmm 1715

(

" i g

.3 r
Fig. 8 : Extension of the plastic region as a function of P/P

too

.90

.80

a.
z
a.

.60 -

\
\

1 \

r

V

* * •
a ~ -

Radius:

* •

Radius t

It ' *
* *

450 mm.
calculated,
experimental.

100 mm.
calculated,
experimental.

100
STRESS, (MPa).-

200 300 400

Fig. 9 : Calculated and experimentally determined strain ratios as

a function of the tensile stress at a temperature of 823 K.

R: 38.1 mm p.

Fig. !0a Equivalent stress (MPa) distribution at first yield.

R.38.1 m m P=3.8Py

Fig. 10b Equivalent stress (MPa) distribution at a load of

3.8 times the yield load.

R=38.1 m m P=3.SPy

Fig. 10c Equivalent plastic strain distribution in percentages

at a load of 3.8 times the yield load.
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Fig. II

—- R= 100 mm

-»- R= 38.1 m m
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The ratio of the axial strain computed from radial

deformations to the maximum axial strain in the

middle of the specimens.

.90
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.65 .70 .80
MEASURED STRAIN RATIO

.90

Fig. 12 The contrast of the gold layer in fig. 4 after circa

400 hours of testing at a stress of 255 MPa at 823 K.

S.E.M. micrograph. Magnification 150 X.

Fig. 13 : Measured and calculated strain ratios for the tensile stress

interval of 120 MPa - 220 MPa (For legend see fig. 9).



III-2 Some Aspects of High Tempera- F. Cesari
ture Structural Design on F. Cecchini
MFBR System and Components M. Labanti

Italy

Introduction

The activities illustrated in our presentation pertain to only

a few of the many topics of the examination of this meeting.

However we shall take them up again in some order thus in our

presentation and also following the sudvisation of the session.

As regards session I activities are illustrated under chapter

II of our presentation.

They pertain to the characterization of the AISI 316 structural

material for the PEC fuel element.

Burnst tests on cladding tubes have been carried out and uni-

axial and bi-axial creep measurement are under way.

The experimental problem is carried out at the AGIP NUCLEARE ME-

DICINA Laboratories.

In addition we also rtport the results of some experimental in-

vestigation on high temperature alloys for convectional componen

ts (steam turbines)

Those tests are carried out at the CNR Mettalurgy Laboratory of

CINISELLO BALSAMO (Mi).

As regards session II our activities on calculation codes bear

mostly on finite element codes which were acquired.

But we are also develoiSping specialized codes for non linear ca-

ses .

We shall also acquire exisisting codes adopted to cases of fre-

quent interest involving plasticity and creep, but those are more

recent activity .

In our design work so far we have indeed generally used elastic

analysis .

Forthemore the PEC components will be designed in detail and ful-

ly ricalculated by the suppliers, an activity which is now ini-

tiated .

It is probable that those analysis will involve the use of more

elaborate codes not yet at our disposal for the cases of creep

and fatigue or plasticity.

In the frame work of the preliminary design of PEC, stress ca^

culation have been carried out on the primary outlet pipe ta-

king into account self weight and thermal bending.

The stress values are below the limiting values above which

creep should be taken into account.

Similarly, always in elatic theory, experimental and theoreti-

cal investigation have been carrid out on some relevant aspects

of the PEC fuel element.

The strength of the joints between fuel pin and pin-retainer

grid as well as the relative tear off load have been measured

experimentally.

That cold test has been repeated at service temperature, to

ascertain possible creep effects which actually can be excluded.

Similar mechanical tests have been carried out on the retainer-

grid itself.

Interpretation of the results by means of a finite element code

is moderway.

As regards the subassembly wrapper, pressure tests are underway

on segments of the exa g o n a l tube and the results analysed with

a finite element code.

Future activities experimental and theoretical /n the fuel elem-

ent structure are outlined in our presentation.

In a quite different area, some tests of the same nature are

underway on the tube to tube-header junction of a steam generator

and satisfactory behaviour on their thermal cycling have been

demonstrated.

As regards structural material behaviour on the irradiation so-

me cladding samples for PEC have been irradiated at SILOE* in

GRENOBLE; one of these samples was maintain in traction during

the irradiation.

The preliminary results appear satisfactory but further tests will

be required to arrive at on empirical formula which can be used

in the design calculation of the fuel element.

As regards the central irradiation loop of the PEC reactor two

large sodium facilities are under construction and endurance

and thermal shocks and thermal cycling tests will be carried

out in sodium on mock-ups of the loop.

One difficulty of the mechanical analysis of the PEC components

and fuel resides in the absence of finalized codes f o r the high

temp)ature field.
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A S M E n o r m s are used for the e l a s t i c field o n l y .

Those same ASl-'F. codes Session III in particular, are now on the

examination at our national pressure vessel licensing office

(ASCC).

It will be attempted to harmonize them with presently exitfsting

norms.

In particular as regards materials analogations and welding

specifications, it is anticipated that such work will be exten-

ded to the high temperature field.

2 - Material characterization, creep experimental tests

and constitutive equation for the interpretation of

Ni-alloy behaviour.

2.1 - Experimental analysis of AISI 316 stainless steel

A material characterization activity has been carried out.

Thi<= material is used for thermal-mechanical tests in SU£

port of the design and as a qualification of manufacturing

procepdings of PEC reactor fuel element (data on this reac-

tor are mentioned in parag. 3.2).

Components under consideration are the exagonal tube, clad-

ding, fuel rod distance wire and rods used for distance di£

grid manufacturing and they are carried o u C in AISI 316.

2.1.1 - Mechanical and metallurgical characterization

For the characterization of the employed material recourse

has been made to metallurgical and mechanical analysis which

will be briefly summed up here below with a view to illu-

strating acceptance test program.

The following metallurgical analysis have been carried out:

a) inclusion determination according to ASTM-E—45;

b) precipitate and structure determination;

c) austenitic grain size determination according to ASTM-

E112;

d) intergranulated etching steady state (ASTM-A 262-70 method)

Vickers (MV) microhardness has been measured in cladding and

distance wire standards. For their measuring ASTM-E 384 laws

have been followed and a micro-duroneter has been used with

loads ranging from 100 to 500 gr .

The material composition has been chemically analysed and na-

mely C,Cr,Ni,Mo,Mn,Si, P and S through usual methods and we

deem it useless to mention them in detail.

The mechanical tests on standards are the following:

a) for claddings Rm, Rs(0.2),A , Rm(538°C), Rs(0.2) (538°C),

HV 1 0,BT, flare and ductility(l)

Tests have been effected on anular test pieces

b) For rod, diagrid, foot, head plugs: Rm, Rs (0.2), A5 ,

HVio-
Tests have been effected on cylindrical test pieces.

c) for distance wires: Rm,Rs(0 . 2) ,A .

d) For exagonal tubes : Rm, Rs(0.2), Rm(538°C), Rs(0.2)

(538°C), A_,HVj ; on plain test pieces capable to obtain

face and weld mechanical properties (longitudinal and

transverse).

All tests have been carried out following ASTM which are

mentioned here below:

ASTM 370 and E8 for traction tests

ASTM E 92 for hardness tests

ASTM A 450 for flare and ductility determination

2.1.2 - Cladding explosion tests

Explosion tests have been carried out at different tempera-

tures (550,575,600,625,65O°C) on welded standards of fuel

rod claddings.

Tests have been carried out by heating the standards in all

their lenght in an especially designed furnace and by che-

cking the temperature through three thermo-couples placed on

the welding seam and in standard center.

Pressurization by air took dace by means of a gas compression

plant whose maximum pressure is 1,000 Kg/cm .

Test results are shown in diagram fig. 2.1.

It has been noted that failure took always place in th» stan-

dard central area without involving shutting-plug welding.
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2.1.3 - Mono-axial creep tests

Hono-a«ial creep tests are now being carried out in fuel elem

ent cladding with cold-worked AISI 316 with a view to deter-

mining the variation law of secondary creep rate.

Tests are carripd out at temperatures ranging from 650° to

75O°C with stresses on the standard from 3 to 15 Ke/mm

which make it possible to analyse also the secondary creep

rate field falling within 0,1.10 and 30.10 mm/mm.h

Standards consist of pieces of claddings welded to two

threaced plugs through which is applied the load. Two refe-

rence rings are also welded to the cladding for strain mca-

surim» purposes.

Thö extensoneter is bar—shaped with telescopic operation,

in order to transmit hot area strains to two capacitive tran

sducers .

2.1.4 - Two - axial creep tests

Two-axial creep tests on cladding are now being developed

and bplong to an experimental and calculation activity in sup_

port of fuel rod design.

The principal aim of this test is to determine the creep law

of material used for cladding under two-axial load conditions

at different temperatures.

Tested standards consist of claddings plugged with two welded

plugs, one of which is used for pipe pressurization (fig. 2.2),

Standard strain checks (diameter variation) are carried out at

pre-established time intervals and at room temperature.

The following equipment is used for tests:

- N. 5 furnaces operating in inert atmosphere (argon)

- a 5 independent line pressurization plant, operating with

argon

- a measuring equipment consisting of an instrumented measu-

ring head with capacitive transfucers capable to measure the

standard diameter on some eeneratrixes and some directrices.

Test results will be worked out ch r o ugh expecially designed

calculation - program to determine the material constitutive

law.

2.1.5 - Equipment

The equipment used for the above tests consists essentially

of creep machines and of MTS material te=t plant.

a) Creep machines.

They consist of two banks of 5 machines capable to carry

out tests in controlled atmosphere (fig. 2.3 and fig. 2.4).

The maximum test temperature is 800°C for furnaces belonging

to the first bank and 500°C to the second one.

The test load is directly applied through weights or bymeans

of a bar system.

The two banks are equipped with two plants for the vacuum

attainment in the testing rooms with a plant for controlled

atmosphere orescrvation, with an argon purification system.

The room housing machines has an independent conditioning

system which secures a room temperature steady state within

+ i°c.

Under these conditions the furnace temperature regulation sy^

tern is capable to keep a temperature steady state within one

tenth of degree.

b) MTS material test plant

It is an electronically controlled oleodynamic plant by which

it is possible to apply to the test component a pre-

established load or strain or elongation, or pressure program

on hollow components (fig. 2.5 )

The material test section has a maximum capacity of+52 static

tons, + 45 dynamic tons, 150 mm run, while the hollow component
2 3

pressurization has a maximum capacity of 200 Kg/cm for a 3 dm

volume.

Tests intended to be carried out are, besides the normal me-

chanical tests:

- tests with large elongations

- creep or stress relaxation tests

- fatigue tests

- full scale tests

- slow fatigue tests

- failure mechanics analysis

- two axial and three - axial stress status tests with simul-

taneuous use of pressurization and load system.
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A bearing structure with + 7 static ton hydraulic actuator

will be soon available for tests on materials and fuel elem-

ent components.

2.2 - Theoretical and experimental analyses on Ni

Alloys

A good portion of the activity of the Laboratorio per la

Tecnologia dei Material! Metallici non Tradizionali(LTH)"

of the Consiglio Nazionale delle Ricerche (CNR-Milano)

is concerned with high temperature material behaviour

and with constitutive equations. The materials examined

are mainly NiCr-base alloys (generally used for high tem-

perature components in gas turbines') but they could be

used for fast reactor components under particularly severe

conditions of stress, temperature and corrosion.

As far as constitutive equations are concerned, the valid-

ity of some of them has been confirmed in different ma-

terials and sometimes for different ranges of stress, tem-

perature and other parameters. A typical example is repre-

sented by the Norton constitutive equation which works very

well, but only in stress intervals, when the strain

mechanism (i.e. dislocation/particle interaction, ecc.)does

not change. Fig. 2.6 £s an oxample where the segments of

the curves with different slopes denote different strain

mechanisms.. [ l|

Exploratory constant load uniaxial creep tests have been

carried out the wrought NiCr-base alloy IN597 and on six

experimental alloys similar to this one, but with different

hardening precipitation volume and with low carbon contents

(0.001%) |l,2,3| • This work aimed at understanding the

factors controlling the creep behaviour, in the primary and

secondary stage. The results of the creep test carried out

in the temperature range of practical use for this al-

loy (700 - 85O°C) show that during primary creep

deformation the strain data follows very well the Li

equat ion \t, \

- exp(-Kt)

whore e total strain

E minimum creep rate
m

c. initial creep rate

K cons tan t

Fig. 2.7 shows that the theoretical curves fit very

well to the experimental data of one of the experimen-

tal NiCr-base alloys | 1,2,3 | The meta 11"graphic

and micrometa1lographic data has pointed out that the

minimum creep rate E can be related to the gamma-prime

precipitate morphology, dislocation motion mechanisms

and grain boundary size (Fig. 2.8 |3 |) Fig- 2.9 shows

a typical dislocation and precipitation particle structure

in an over-aged and crept NiCr-base alloy.

To study the anelastic strain (Fig. 2.10)the creep stress

of the above mentioned alloys was abruptly changed in

order to record the anelastic contraction 5 The effect

has been found to be quite large j 6 | i.e. of the order

of the. elastii magnitude; thus it could be useful, to con-

sider it in inelastic flexibility analysis a part from the

plastic (permanent) strain.

The following rather advanced consitutive equation:
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A.exp(-Q/RT).Sinh (BE/RT)

A,B

Q

RT

e

£

INCO Co. Trade mark

constants

activation energy

usual meaning

anelastic strain

anelastic strain rate,

has been found to describe very well the experimental da_

ta. In Fig. 2.11 the solid line and the circles rap-

present the constitutive equation and the experimental

points respectively. Correlations between micros trueture

and anelastic strain have been examined and discussed in

|5,6,7|

Some uniaxial fatigue tests at load control and rotating

bending tests at constant load on Nimonic90^ + , both at

85O°C, have been carried out. The hour-glass specimens'

(+) INCO Co. Trade mark.



strain is recorded by diametral extensometer and by a strain

gauge respectively. The first results obtained show a marked

effect of test frequency on fatigue life when frequency chan-

ges from 5 or 10 to 50 cycles/minute. At constant stress the

higher frequency fatigue life is higher; Fig. 2.12 illus-

trates this frequency effect |8 |

Similar tests are to be performed on IN738LC precision

cast specimens and, despite the frequency effect, the stress

and strain wave shape influence will be studied and correlat-

ed to the microstructure. Preliminary high temperature tensi-

le tests at different stress or strain rates will be perform-

ed in order to characterize the material.

Tensile and creep-rupture tests were conducted for smooth and

sharp edge-notched specimens of TD-NiCr sheet at 540 to

Q80°C. The micro-structural aspects were in good agreement

with the theoretical concepts and a time-dependent notch-sen-

sitivity was not observed |9]

A similar projetct is going to be performed on uniaxial

cylindrical specimens of commercial IN5°7.

The hardening by carbide and gamma-prime precipitation of

Nimonic75 | 10 ' and InconelX-750 " ;L1| during

ageing and overageing at fiOO to 85O°C has been correlated

to microstructure. Cold-rolling effects on ageing of

Nimonic 75 have also been studied. Fig. 2.13 is an

example of ageing curves of Nimonic75 cold-rolled at dif-

ferent rates , while fig. 2.14 shows grain boundary

and intragranular carbides.

The following research topics (1) are also going to be

studied:
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i) interaction between creep and low-cycle fatigue, and mi-

crostructure, in IN597 (wrought) and IN73PLC feast);

ii)high temperature fatigue crack propagation at high tempe_

rature steels;

iii)diametral extensometer studies for high temperature

creep.

(1) For the preceding tests the following instruments

have been primarily used ;

1) 5 Denison mod. T'AR creep machines (3 tons, 1000°C);

600

2) 1 Denison mod. T48 creep machine modified for auto-
matic load variations;

3) 1 Adamel rotatig bending elevated temperature (1000
°C) fatigue;

4) 6 UMG rotating bending fatigue at room temperature;

5) 1 MTS machine (25 tons) ;

6) 1 Adamel micrccreep machine (1000°C, high vacuum);

7) 1 Amsler tensile machine (25 tons, 1000°C, hydro-pacer
controlling device);

R) 1 Siemens mod. lmis op 1A (1?5 KV) electron micro-
scope ;

9) 1 JEOL mod. JEM 200B f?00 Kv) electron microscope;

10) 1 JEOL mod. SM V3 scanning electron microscope with

nondispersive X-ray analysis;

11) 1 ARL microprobe with data logger and working range

for havier than boron elements.

575 (oo eso It««. l'c\
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3 - General considerations of computer codes and design

aspects of PEC cooling pipe system

3.1 - Finite element programs in non-linear field

It must be told in advance that in Italy the studies and

the applications on finite element methodology began some

years ago through different efforts fostered by both

research centers and industry which sometimes were not

linked toghether.

At present all difficulties have been overcome as far as

linear field is concerned and studies on problems related

to the use of finite element programs in non—linear field

have been carried out since last year.

At the same time has been carried out a preliminary

research which is now being finished and which consist of

four points .

a) Analysis of behaviour models of two-dimensional and

three-dimensional structures in case of creep and pla-

sticity

b) Beam reticular structure application

c) Space shell application

d) Analysis aiming at assessing the validity and the avai-

lability of the proper computing programs and their

utilization.

a) The basic hypothesis common to the first three points

consists in a finite element calculation model which allows

the solution of the problem by means of the displacement

method .

From this standpoint the component status is' described Jt

every moment (creep) or at every loading step fplasticityi

by the displacements, the stresses and the permanent strains.

The system of first order non-linear differential equations

which describes the component status evolution results from

the application of the virtual strain principle and it is

solved by applying the Runge-Kutta's fourth order self-re-

gulated method .

As an alternative, it has been considered to solve the

system of non-linear differential equation through an

eulerian incremental method modified at the end of

each step in order to bring the component status to an

equilibrium condition.

For particular conditions it has been considered to as-

sume a fixed rate equal to the initial one (constant

stiffness matrix).

Plasticity or creep is supposed to be described by

Prandtl-Reuss's laws.

Thus the Von Mises' yielding surface has been used and as

far as hardening is concerned an isotropic model has been

taken.

b) In developping the methods described in the above point

if we consider as valid the hypothesis that the sections

continue to remain plane during strain, in analysing

beam reticular structures»some difficulties arise from the

fact Chat the stress and permanent strain shape in the

thickness is non-linear.

In this case the degrees of freedom related to the node are,

besides the generalised d ispalcemen t s ''displacements and ro

tations of the neutral axis normal section), the stress and

permanent strain in the thickness.

For this purpose a group of equidistant points has been

specified by which it is possible to describe the stress-

strain status.

By this prerequisite the evolution model of the system

status, inferred by the application of the virtual displa-

cement method, leads to the usual system of first order non-

linear differential equations.

The integration in the thickness leading to the comput^

ing of forces statically equivalent to the distributed

permanent strain has been carried out by Simpson's

method .

A first demonstration of the method validity was given

by comparing the result through two-dimensional comput-

ing programs applied to bending beam isostatic structures;
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for this reason it has been possible, on one side, to

check the method and on the other side to carry out a sen

sitivity analysis on the optimal number o£ thickness

points.

The result confirmed that a mean of all equidistant

points allows the solution fo the problem in an accurate

way .

The same kind of investigation will be carried out by

comparing the experimental data relevant to a bending plas_

t i c i t y t e s t .

c) A calculation model for the elastic-plastic and creep

analysis of space shells «ill have the following hypothe-

sis:

1) the displacement field is described by the displace-

ments effected by the points on the neutral surface

and by the rotation of the normal sections of this

surface.

2) The shell behaviour is well represented by assuming

that it can be scherotical ly represented by a group

of plane finite elements.

3) The elements undergo membrane as well as bending

stresses .

In case of plane elements the above stress brings

about independent strains in case of small strains.

Also for this components the stress and permanent

strain shape is non-linear in the thickness.

The degrees of freedom per node are thus the generali-

zed displacements as well as the stress and permanent

strain values in a g~"en number of equidistant points

in the thickness.

As for the rest, calculation method is the same and

consists in the solution of a system of first order

non-linear differential equations in the above mention

ed degrees of freedom.

d) In the above last operating phase, the available cal-

culation programs have been analysed Crom the point of

view of their performance and namely:

- Golia

- NON SAP

- BF.RSAFE

- MARC

- ANSYS
The above mentioned codes are considered in some detail

in Appendix 1.

3 . ?- — Some considerations on phenomena resulting from

system solutions of PFC reactor

System description

Before dealing vith the effects due to creep it is proper

to give aäiort description of PFX and its primary compo-

nents to which reference shall be made.

The PF.C configuration can be defined as semintegra ted ,

that is a compromise between the loop solution (E . Fermi,

Rapsodie) and the integrated solution (Phenix, P.F.Pw),

From the loop geometry, the semintegrated solution

the simplicity of the neutron shielding and sealing plugs,

the advantage of a relatively low sodium inventory, limita

tion of size and cost. From the totally integrated geometry

it takes the advantages of homogenizing the temperatures in

sodium at the vessel inlet in the reactor, the quite negli-

geable transients at the pumps and core inlet, then the ad-

vantage of a favorable evolution of sodium free surfaces

which allows a less severe reduction of the capacity after

an accident to a pump.

The primary circuit of the PF.C. reactor (see f i g . 3 . 1 , 3 . 2) con

sists of two vertical right containers, one named reactor

vessel containing the fuel core, the other named componen t s

tank containing the two intermediate heat exchangers and

the two circulating centrifugal pumps, separated one from

the other by a vertical metal baffle.The above vessels are

joined by four pipings, two of which carry the hot sodium

from the core outlet to the intermediate heat exchangers

(hot leg) and the other two the cold sodium from the pump

exit to the core inlet (cold leg). The vessels are topped

by gas-tight shielding plugs. Argon atmosphere is maintain—
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ed between ths plugs and the sodium surface in a light

overpressure to the external environment.

The reactor and component vessels, intermediate heat

exchangers and centrifugal pumps are comunicating through

the conver gas. Some data of PEC reactor are listed

in table 3.1.

Tab. 3.1 - Characteristics of PEC Main Cooling System

1. Reactor vessel

Sodium mass in upper plenum (cu.meters) 22.8

Temperature (°C) 520

Sodium mass in lower plenum(cu.meters) 6.75

Temperature (°C) T7"̂

Maximum inside diameter (meters) ?.P

2. Piping

Mass flowfKg/sec.) *?0

Cold leg
Internal diameter (mm.) 340

Length (meters) 20

Sodium velocity (meters/sec.) 4.2

Thickness (mm) 24.6

Temperature (°C) "»75

Hot leg
Internal diameter (mm.) 5fiO

Lenght (meters) 14

Sodium velocity (meters/sec.) 1.4

Temperature (°C) 520

3. Components tank

Sodium mass (cu. meters) 42.?

Internal diameter (meters) 4.4

Temperature (°C) ? 7 5

2 - Piping analysis

Let us consider the hot piping (52O°t, which links the two

tanks, shown in fig. 3.3 One of the two is fixed

(reactor tank), the other one is movable (component tank)

in order to allow the piping thermal expansion and to avoid

the coming out of very high thermal stresses. Even by this

arrangement, thermal stresses still exist owing to the lower

temperature cold piping presence (hot legs of reactor cool-

ant piping ) and to a presence of friction force. In order

to make the tank displaces it is necessary for the piping

thermal expansion (Al="cilAT) which is obstructed, to generate

a stress status (o =aATE) and an effort (H=n&'[ .F.A.; A piping

section area) sufficient to overcome tl-.a inertia fM.a=F) of

the movable system plus the friction force opposite to the

movement (P=Q.f) i.e.
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oAEÄT=Ma Qf - mass; 0 = weight of the
movable system)

When the tank stops, there will be the following equilibrium

condition:

aAEAT=Qf

where (Q.F) is an effort acting on the piping since the mo-

ment the temperature becomes constant onwards (and for all

the period it remains constant).

The applied loads are:

1) Uniform distributed weight of fluid and pipe

2) pipe support

3) internal pressure

4) friction force increasing with the temperature; constant
and equal to O.f for a given temperature uniformly distri-

5) dynamic fluid pressure on the walls

61 thermal loads

The results of piping thermal-mechanical flexibility have

been used ( + t to determine the more stressed sections of

the piping due to thermal expansion obstructed by the

friction force of the movable tank or due displacement con-

gruence conditions between pipings operanting at different

temperatures.

The above analysis gives internal stress values and tan-

gential stress in the piping different sections and in

every point of each section.

(+) F. Cesari, P. Ferranti, M. Gasparini, L. Labanti -

RT/ING CNEN - ROMA "Codici PIPE-STRESS nuova versione

e VERPIP"



The hot piping, shown in fig. 3 • 5 consist or two con-

centric pipes; the internal pipe has a diameter of 0^=

60,96 cm and a thickness of s = 2,461 cm (316 H material),

the external pipe has a diamuter of 0 = 72,4 cm and a thick-

ness s = 0,8 (carbon steel material).

From the stress status analysis it has been noted that the

maximum shear stresses in the external piping do not

reach 1 Kg/mm^. The impossibility of foreseeing the duration

of this component is due to the lack of creep

curves exceeding 2.10 hour's time.

What is sure is that for 7.10" hours term the creep effects

are negligeable.
As for the internal piping the elastic analysis gives the

Torque

bending

bending

following

Moments

M
X

\ =

M

Streng

F

F

i

133

loads :

,914

2, 150,377

64 ,

s

373

578

964

.8

.5

Kg

Kg

Kg

.cm

.cm

. cm

- 11.412

Kg

Kg

Kg

tension

shear

shear

Thus the M and M bending moments and the axial strenght

will bring about a stress status o in the direction x.

The remaining loads cause a tangential stress status;the

G and o stresses are equal to zero.

For the Mohr's cercle construction it is necessary, first

of all, to compound the two bending moments

M£ = 21?2-f62) .1O8 -\. 2.1S.1O6 Kg .cm

After having calculated the section modulus (W=0,^37x10
3 2

cm ) and the area of the pipe normal section 1^=4.^2 10
cm ) , the sum of bending and tension stres will he :

a . + axb xn Kg/mm 2

The tangential stress will result from the sum of the contn

bution given by the F strenght and by the M torque moment

y x
 A

which gives (being the polar moment of inertia I =3".8 10
4. p

cm ) • M R

xy R s „
0.1307 Kg/mm

The Mohr's cercle, being o and o equal tu zero, has its

center at a /2 from the axis otr origin and passes through

the coordinate (3.39;O.1307) ooint. Hence the T value is
» max

1.7 Kg/mm for a a=> lR0°angle.

it can be inferred that the stress max-

imum value in section 46 is attained for a= 110° whose cor-

resonding angle has the maximum main stress a .which is

equal to = 2.20 Kg mm' = 3.12 Ksi. Hence it may be concerned

that, by this piping lay-out , creep effects below 20,000

hours can be neglected.

rr^-^J^2nrrp)
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Fig. 3.3

4 - Experimental program to validate design solutions of

comftlnents and its facilities.

4.1 - Tests on fuel element components .

Experimental and theorical analysis in elastic field (at room

temperature and at hiRh temperature) of some PEC fuel element

components has been accomplished.

A program is now being started to define the same structure

behaviour in elastic-nlastic and creep fields. It is based

on calculation model development which will be convalidated by

means nf experimental test on material test pieces and on its

components themselves.

4.1.1 - Determination of high temperature resistance of pin

foot connection with fuel element diagrid.

To evaluate the connection behaviour at elevated temperatures

and to determine the elastic limit and the withdrawing load,

some traction and creep tests have been carried out,

at 400°C.

The connection under consideration is shown in tiy.Ar.l

The diagrid rails were carried out by means of two proceed-

ings :

mechanical working and electro-erosion.

Tests on hot traction have been carried out havin» recourse

to a material test plant MTS and a heating group AMSLER.

As the above tests have a short lenght, they have been effected

in the air at a temperature of 400°C + 2"C. Test has been carri_

ed out so as to remark the load displacement diagram (fig. 4.3)

Creep tests have been carried out in controlled atmos-

phere (Ar) using the creep machine« mentioned in par. 2.1.5.

Fie. 4.2 shows a connection strained by'a load near the with-

drawing 1imi t.

Tests on high temperature traction demonstrated that with-

drawing load is independent of the rail working type and

of the connection effect.

Creep tests demonstrated that, at a temperature of

400°C, non considerable creep phenom°na take place.
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4.1.2 - Experimental check up and design of fuel element

d i* a g r i d

Experimental analysis concerning stiffness and mechanical re-

sistance to room and elevated temperatures on fuel element

diagrid (fig. 4.4 was aimed at specifying the struc

critical areas and afterwards at optimizing its design.

A room temperature test has been carried out where the diagrid

has been stressed by a load uniformly distributed in the bi-

naries with rail displacement control . Fig. 4.5 shows

the equipment employed. A material test plant MTS has been

used for load applications (see par. 2.1.5).

The above test has been carried out with goads increasing from

the elastic to the elastic-plastic field up to the connection

breaking by effect of the bar feet, which takes place out of

bar foot withdrawing. Test results have been developped by an

interpolation program which uses two-cubic spline functions;the

rail strain maps have be»n graphically represented in fi2.4.6.

To carry out the stress analysis by means of two-dimensional

ULTRA program, a central rail finite element calculation has

bpen effected by using as inlet ô *=i the displacements noticed

in experimental tests. It has been noted th<> structures were

stressed by stresses near the elastic limit in the fixed area

as well as in the rail center line.

A high temperature test (40O°C) of th« stressed diaerid has al_

so been effected having recourse to an equipment similar to the

previous one with an uniformly distributed load on the rails

A furnace has been used for long lasting treatments on

fuel element components (see par. 4.1.5).

Strains considerably superior to the corresponding room tem

perature ones has been noticed.

In order to design in a correct way the diagrid, a finite

element three-dimension calculation method has been develop-

ped by means of NASTRAN calculation program.(Fig. 4.7)

The calculation results have been compared with room tempe-

rature test results and a 57. difference in effort values has

been no ti ced.

The calculation method , so defined, has been employed to

check the new design proposed as a result of experimental

activities on diagrid.

4.1.3 - Experimental calculation and check of PEC fuel element

wrappe r

Preliminary tests concerning high temperature prßssurization

of exagonal tube pieces have been carried out.

It has been noted that it was not possible to reach a sati-

sfactory accuracy in effecting stress extensometrie checks.

Thus, a finite element calculation model of structure has been

carried out qualifying it by means of a room temperature expe-

rimental test. Then it has been used to analyse the exagonal

wrapper behaviour in elastic field.

The experimental test (fig. 4.8 ) of pressurization has been

effected having recourse to the material test plant.

Extensometer checks have been effected on the wrapper external

surface, in corrcspondance with the edge and with the side cen

ter line. Dimensional checks and variation measurements of the

pipe exagonal key have been effected by means of capacitive

transducers.

A two-dimensional calculation model of the wrapper has been

developped by using the ULTRA program and a calculation having

the room temperature material characteristics has been carried out.

Fig. 4.9 shows the maxinum principal stress trend on the

structure (1/12 of the wrapper section). By comparing theo-

rical results with the room temperature experimental ones,

a 6% for displacements and 2.5% for stresses difference has

been noted.

The wrapper material characterization at 400°C has been drawn

and a defined model for high temperature structure behaviour

analysis has been carried out.

4.1.4 - Experimental activity and calculation on fuel element

components

It is a program aiming at analysing the elastic-plastic and

viscous behaviour of the following fuel element components.

a) Fuel rods

An experimental and calculation activity will be carried

out, similar to those effected on the diagrid and on the

wrappers, aiming to define the fuel rod elastic behaviour,

taking into account the effect of the wire which is winded

in the cladding.
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This analysis will be developed also in creep field

by means of expecially designed calculation programs.

The results of creep tests on cladding and wire wrap up on

material will be used and the calculation model will be de-

fined by means of long lasting thermal treatment tests on

pressurized rods.

b) Fuel rod diagrid

The activities already carried out will be pursued by de-

velopping a calculation model in elastic-plastic field and

it will be defined through room temperature test results

similar to those mentioned in parag. 4.1.2.

A creep analysis and an experimental test will be

included through a long lasting thermal treatment.

c) Lower containing wrapper

A test analysis of the structure thermal bowing will be

included by means of a special furnace capable to attain

running axial and circumferential thermal gradients.

The results to this test will serve to define a wrapper

calculation model in elastic field. The wrapper analysis

will also reach the creep field.

Thermal cycling and thermal treatment tests on the wrapper

and its assembled components will also be included in order

to check high temperature behaviour.

TABLE N. 4.2

4.1.5 - Equipment for thermal - mechanical tests

Besides the MTS material test system and creep machines, also

two special furnace banks have been used in order to carry out

thermal mechanical tests in support to PEC fuel element de-

sign and namely:

- a bank of five furnaces for long lasting thermal treatments

on exagonal wrappers, four of which are capable to give an

uniform longitudinal thermal shape along 1,000 mm and the

other one along 2,000 mm.

- A bank of three furnaces for fast thermal cycling on exagonal

wrappers with an uniform longitudinal thermal shape along

2,000 mm.

All the furnaces can operate in inert atmosphere (argon) and

are thus equipped with a vacuum plant and with a pressurization

system in argon.

The furnace performing range is from 25O°C to 600°C with longi-

tudinal thermal shape accuracy within + 5°C.

All the furnaces are equipped with a regulation and adjustment

instrumentation capable to operate continuosly and automatic for

time periods up to 5.0U0 hours.

Fig. 4.10 shows a photo of the two furnace banks and fig. 4.11

shows the photo of the feeding, regulation and adjustment boards.
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PARAMETERS

COMPAIGN

I S t

II n d

AT

he

20

25

min

°C

490

490

TMAX

°C

510

515

cicle-ti-
me minu-
tes |

20

20

n . cicles

1070

1038

prestress

|Kp

491

491

pressure

|Kp/cm2|

200

200

assiale
max «
Kp/mm

12.55

14 .15

Tests have been interrupted during the IIn campaign at T = 25°C after 1038 cycles because

the pipes showed strains considered as dangerous in pipe central area, whereas the pipe-

plate welding appeared to be undamaged.



It is now being developped a prototype furnace capable to obtain

a non uniform temperature axial shape on the testing standard.

4.2 - Resistance test on thermal cycling of pipe-plate connec-

tion of the reference fast plant steam generator

In NIRA center has been made a three pipe test section whose

sizes are : 0 13.5 x 1.8 mm, 1 - 662.6 mm long in AISI 316H

steel with six pipe-plate welding specimens, in order to anal-

yse the thermal fatieue behaviour of the pipe-plate welding of

the reference fast plan steam generator (see fig. 4.13 ) .

Pipes have been kept at constant internal prssure and axially

pre-charged by means of an hydraulic jack fc ' all the test du-

ration (see fig. 4.14,4.15 ) t tuo compaigns in series

heve been carried out through a heatine system: the first chara£

terized by thermal cycles equal to 2O°C and a second compaign

acting on the same pipes characterized by 25°C cycles.

Table N. 4.2 shows the principal parameter values relevant

to exper idice :

4.3 - In Pile Measurement of Creep Rates of Stainless Steel

Cladding tubes for Fast Reactor Pins.

4.3.1 - Test description

Test consist in the irradiation of three specimens in a CHOUCA

device introduced in SILOE' French Test reactor: for the spe-

cimen description see the following paragraph 4.3.3.

One of the three irradiated specimens is subjected to traction

during irradiation while the other two have a checking function.

On these ones traction tests will be carried out under the same

reactor operating condition, in Casaccia Material Technology

Laboratories.

4.3.2 - Chemical - mechanical characteristics

The material chosen for the first test is AISI 316.

Table 4.3.2 shows the data on steel chemical mechanical analysis.

4.3.3 - Specimen description

Fig. 4.16 shows the specimen constructive drawing.

This drawing is equal for all the specimens to be irradiate ei-

ther under stress or not.

At the testing tube ends are welded the two threqded heads for

its scarf in the specimen container.

4.3.4 - Operating scheme

Fig. 4.1 7 shows a test exemplified scheme.

Under reactor s.teady state conditions the heating resistances

(1) give the heat necessary (besides the heat given by y-

heating) to reach the testing temperature (5OO-r55O° C) ; at this

point from the small tube (2) an helium flow is sent as far

as the pressure necessary for the attainment of the required

traction force is reached (̂  190 Kp).

The elongation caused by specimen stress (3) moves upwards,

throught the stem (4), the j.iston (5) of the measuring reso-

nant hollow volume (6). |l2|

The micro - wave generated by Klystron (7) is reflected and

the returning - wave is analysed by oscillograph (8).

The oscilloscope will show two resonance picks whose position

is connected to the measuring (6) and reference (9) hollow

volumes .

At the beginning peaks are placed in coincidence.

The micrometer (10) displacement, necessary to attain the su-

perposition of the two peaks, will automatically give the elo£

gation value induced on th& specimen.

4.3.5 - Test parameter measuremen-t

As far as experimental conditions are concerned, all measured

parameters, such as temperature, pressures in the different

device areas, specimen elongation, etc., are continuosly recoj:

ded throught recorders as well as memorized and effectued at

pre-established periods, throught computer.

Direct measurement

- Temperature

Temperature on the free irradiated specimens are measured by

means of six thermo-couples.

- S tress

specimen stress is calculated on the bases of the dif-

ference measurement between external and internal pressure

of traction bellows:
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where:

A c • 0.081

is traction bellow efficient surface

is the cladding section surface

- Elongation

The direct measurement of the specimerit displacement under-

grlng traction is carried out; elongation is calculated by

di fference•

- Integrated neutionic flux measurement

Fast neutron (E>1MEV) integrated has been obtained.

Table 4.3.5 shows the fluence overage values at the center
20 N

of each specimen, in 10 =
cm

4.3.6 - Experimental Results

Test carrying out

Cold traction tests have been carried out the day before the

irradiation beginning and are shown in Table flt. 3 .6 . Together

with the out standing test data.

Fig. 4.18 shows all the irradiation history .

The several measurement effected make it possible to well fol-

low the phenomenum, taking into account the complex behaviour,

cause by some factors which have troubled the test.

The principal troubling elements vere:

- the measurement sistera friction

- the reactor power variation

- the necessity of adjusting the traction bellow in order
to change the position of the head measuring.

Post irradiation analysis results

The measures before and after irradiation, effected at LAMA

(Hot Cells Laboratories), Grenoble, are here below summed up

Pos t-irrag.

(mm)

96.674

96.614

96.581

Pre-irrag.

(mm)

94.073

94.071

94.066

Di fference

(mm)

2,601

2,543

2,515

Average

(mm)

2,553

.4.3.7 - Result considerations

3?.ig. 4.19 sunns up the results of the creep, plastic and

manent strains obtained during cold and hot tests.

The 2,505 mm result is confirmed by the post-irradiation

in hot cells measurement of 2,553 mm ; in fact the 48

difference ( 1,9% of the total) is negligeable.

1. Creep, plastic and permanent strains

The plsstic strain measures, effected during stress appli-

cation up to the 2 282 Kp/cm maximum value, may be consi-

dered as correct.

In fact although the measuring sistem is contemporary

stressed with the specimen, the total measured strain which

is the sum of the three elastic, thermal and plastic com-

ponents, is effected by the traction measuring sistem con-

nection,only for the part concerning the elastic mmponent .

(The sistem permanent strains had to be excluded ) .

On the other hand the elastic strain consists only of about

150^- on 3,182 JW/(creep excluded ) i.e. of about 4.55! of the

specimen total strain, while the 350 U. of sistem elastic

strain represents 11% of the measured total strain (69

Kp/cm 2).

Mo mistakes is made by the measuring sistem during creep

(constant stress and temperature).

During the 515 creep hours some short temperature or pressu-

re variation (scram and operating checks) took place.

In these sistuations has been noted a partial recovery with

time; namely in two situations, t » 270 hours and t " 485

hours have been measured respectively 130JU. and 40iA< less

than the previous temperature variation measurements.

151

As shown in |l3| the total strain

the su-i of four components

can be written as

whe re c. is elastic component

£ " anelastic "

<-p " upsteady plastic component

£ " secondary creep rate



Thermal component is negliged.

The first two of which can be recovered (the second as a

function of time) and the other ones cannot.

We should point out that in our case, for a 3 ,584u.(3 .6%)

total strain, the 175lV of the anelastic component affect

the total amount by 4,9% and represent 7% of the permanent

part (2,103 + 402 - 2,5051c) but a good 30% of the part

relevant to secondary creep (402+175 = 577U.)

As present safety condition oblige the designers not to ex-

ceed 1% of cladding permanent strain, the opportunity of

taking into account the above anelastic recovery phenomenum

is apparent every time this limit value is attained, consi-

dering the secondary creep of the cladding material'

2. Primary creep

As fig. 4.18 shows the primary creep lasts about 20 hours;

the creep rate overage value can be obtained throught table

4.3.6 as ratio between measured strain (9;OO4-8,888=0.116

mm) before the- pressure variation from 69 to 49 Kp/cm , and

time spent (17 hours)

C = 116
*~" r* •*• n n r\ 1 7"'creep

H ^
-8 - h

intermediate value between the first hour value (8,952 -

8,923 '• 29 U. in two hours) equal to 14.5 /*/h and the

secondary creep value.

3. Comparison with other experiment results

The measured creep rate varies from 1 to 0.5 /Vh equal re-

spectively to 1.10 and to 0.5.10 % [h~ J .

The two ratio between secondary creep beginning and end is

acceptable; fromt the experimental point of view 10 or more

ratio variation have been found by other persons.

In the case under consideration temperature and pressure va-

riations took place during the 515 hours of irradiation ti-

me, and it cannot be excluded that a certain influence on

creep rate took place.

As it is impossible to make a comparison with similar tests,

it is otherwise possible to compare the results obtained

with the results of a test effected by CEA always in S1L0E'

reactor and with a similar device on a steel standard solid

specimen under the following conditions (in brackets are

given the reference conditions of F.l.G.A. 1 test]:

- temperature 500°C (55O°C)

- stress 25 Kg/mm2 (22,8 Kg/mm2)

- lenght 100 mm (100 mm)

- primary creep dura t ion 140 hours (20 hours)
- s t r a i n 70^*- equal to 0.07D% (~120W-; 0.12%)
- secondary creep du ra t ion 2000 hours ( ~ 5 0 0 hours)
- i n i t i a l overage s t r a i n r a t e

(during the first 1000 hours) 0.1.10~3%/h (l.lo"3^)

- final average strain rate O.O7.1O~3— (O.5.1O~3—)
h h

(during the remaining 1,000 hours)

The difference is not so large (ratio 5flO about) conside-

ring the differences of temperature (although the stress is

lower in F.l.G.A. 1) specially because the creep tests there

are normally behaviour variations even larger between equal

specimens .

Westinghouse gives the correlation |l4l used for the se-

condary creep calculation in the fuel rod behaviour anal-

ysis:

The values obtained under F.l.G.A. operating conditions
* —3 7

give for the anneded material £ • 0.33.10 r and for the
J -37

cold-worked material (20%) P. = 0.09.10 ~ .
-3/C

The values measure in the FIGA test final part (0.5x10 £•)

agrees with the one given in |l4| for the annealed mate-

rial .
4.3.8 - Conclusions

FIGA-1 tests gave useful information on the possibilities

utilization of CHOUCA Device and of "resonant hollow volu-

me" to carry out in pile creep tests; as well as information

on the specimen behaviour under consideration.

In suite of draw-backs mentioned in previous paragraphs,

concerning measuring system friction and reactor scrams.

As for real experimental results it may be stated that

steel creep measurements agreeded with expectation and that
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other tests at differente temperatures and stresses will ma-

ke it possible to study in a parametric way the phenomenum

phisical law allowine a deeper study as well as a mathema-

tic formulation which allows the utilization of experimental

results in calculation codes.

The comparison with results coming from out of pile tests

both on irradiated and on non irradiated specimens will gi-

ve a complete phenomenum picture pointing out the neutronic

flux effects on the mechanical properties of the material

under consideration.
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TABLE 4.3.5

SPECIMEN

1

2

3

MATERIAL

STEEL

316L

STEEL

316L

STEEL

316L

FLUENCE

(10 2 0 n/cm2)

2.32

2.62

2.25

Vertical
Grad ient

+ 7.7

- 10.5

+ 1.5

- 1.5

+ 12

21

Notes

ZERO AXIAL

STRESS

AXIALLY STRES_

SED SPECIMEN

ZERO AXIAL

STRESS

TABLE 4.3.2

SUPPLIER

KIND of STEEL

SIZE (mm)

CHIMICAL ANALYSIS (%)

Material Status

ULTIMATE TENSILE STRENGHT
at R.T. (Kg/mm )

Yield strenght at R.T. (Kg/mm )

Elongation 5.65 A (7.)

Vickers HARDNESS (HV/5)

FINES TUBES Ltd.

AJSI 316

0 ext. 6,807; 0 int. 5,995; th. 0,406

C Mn P S Ni °R Mo Fe

.044 1.69 .020 .012 13.3 17.41 2.68 remaining

completly annealed

58

29

59

171-174



TABLE 4.3.6 TABLE 4.3.6
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Follows table 4.3.6

Date

7.2.73

( + )

8.2.73

( + + )

C)

HOURS

16 00

9 30

13 45

14 15

14 40

18 00

19 00

(19 00)

19 05

19 41

19 45

SIZES

(mm)

12.206

12.191

12.156

12.123

12.097

12.103

12.128

12.157

12.174

12.186

11.983

11.888

11.819

11.790

11.794

11.611)

11.692

11.600)

11.524

11.479

11.430

10.784

10.977

11.037

11.116

10.915

10.851

AL

(V)

0

15

50

83

109

103

78

49

32

0

203

298

367

396

(575)

STRESS

(Kg/cn2)

165

330.7

661 .4

992

992

992

661.4

330.7

165

165

165

165

149

149

149

(149)

298

(298)

628

960

1290

1620

960

628

298

628

960

PRESSURE

(Kg/cm2)

5

10

20

30

30

30

20

10

5

5

5

5

4.5

4.5

4.5

(4.5)

9

(9)

19

29

39

49

29

19

9

19

29

REACTOR

POWER
(MW)

0

0

15

25

32

32

32

(32)

32

32

T

(°C)

38

38

38

38

38

38

38

38

38

Refrig.

210

357

550

550

Date

8.2.73

( + )

( + + )

9.2.73

1.3.73

HOURS

19 47

19 50
19 58
20 13

20 45

20 50
20 55
21 05
21 15
23 05
0 05
6 00
14 00

13 30

SIZES

(mm)

10.806
10.782
10.762
10.346
9.669
9.708
9.731
9.765
9.861
9.830
9.888
9.899
9.310
9.924
9.934

9.941
9.944
9.952
9.962
9.969
10.048
10.055
10.075
10.107
10.145
9.991
9.829
9.004
8.999
6.952
8.947
8.923
8.915
8.900
8.888
9.081
8.880
8.602
9.177

A

(u)

3.182

3.584
3.009

STRESS

(Kg/cm2)

1290
1455
1620
1776
2034
1870
1786
1703
1455
1372
1455
1207
1124
1042
1124

876
794
711
628
546
463
380
298
215
132
546
810
2282
2282
2282
2282
2282
2282

2282
162

2282

2282

PRESSURE

(Kg/cm2)

39
44
49
53.7
61 .5
56.5
54
51 .50
44
41.5
44
36.5
34
31.5
34

26.5
24
21.5
19
16.5
14
11.5
9
6.5
4
16.5
24.5
69
69
69
69
69
69

69
49
69

69

REACTOR
POWER

(MW)

32

32
32

n

T

(°C)

550

550
550

550C)
Ambiente

(+) ELASTICITY MODULUS SIZE
(.* + ) ZERO REFERENCE-NUCLEAR HEATING
(. + * + ) ELECTRICAL HEATING-SU3STITUTI0N OF HELIUM FOR NEON IN THERMAL SHIELD

AREA
C ) &L=575 (ef£. temp) - Tncrease in pressure - In brackets the exact

estimated values.

(+) CREEP STARTING POINT (AL-2.607 since 7.p.m.)
(+•) 200 KW REACTOR POWER REGULATION
(°) Irradiation end (AL*4O2 for creep)
•v°°) Shut-down reactor (AL-575 From 32 MW Reactor Power)

J



4.4 - Reactor vessel structural analysis

The vessel functions are the containment of reactor core, and

liquid sodium coolingjcontrol rod correct operation and fuel

handling.

The vessel consists of two axisymmetric shells welded to a

transition zone. At its top there is a ring by effect of which

the vessel leans on the support structure (fig. 4.20).

The statical loads have been summarized in fig» 4.21, 4.22 for

axisymmetric conditions and in fig. 4.23 for nozzles.

Also transient load conditions concerning reactor shut down

and starting conditions have been considered.

Extensive stress calculation has been performed by means of fi_

nite element programs j.n elastic field. For situations where

temperature exceeds 800°F, the validity of elastic analysis has

been verified by usual AS/ME relation

S

(PL + IT >Max range S

In this condition the vessel high zone appeared to be critical

(between the sodium free surface and the plug lower face,

fig. 4.24) where the above relation is not observed, as Qrange=

22,13 Kg/mm (near the sodium free surface in the internal ves-

sel wall).

During preliminary design it has been accepted to add a fur-

ther safety coefficient (K=1.5) to the 1331-4 Code Case 3Sm al-

lowable limit. Hence Q range has been compared with 3/K Sm=24,25

Kg/mm2.

On this basis the design has been accepted on condition that

a thermal-plastici*^ analysis is carried out during the constru£

tive design.

4.5 - Test programs for the irradiation facility

4.5.1- Experimental activity concerning thermal shocks

In the PEC reactor design, the most critical element as far

as shock resistance is concerned, is the test central loop,

where, in case of failure incidental transient it is estimat-

ed the temperature rises of 26O°C and thermal gradient is of

150°C/sec.

The construction of the CPC-2 circuit (which is now being

completed), where will be tested a series of models concerning

loop parts undergoing shocks and the whole loop (HOT LEG), al-

lows to evaluate through an experimental campaign, the estima-

ted thermal-mechanical life of a central loop.

The loop thermal shock test will include:

1) Temperature and mechanical stress direct measurements du-

ring the different transients including recording and sub-

sequent data processing.

2) Analysis before and after operation concerning geometrical

tolerancies and efficiency; remaining integrity and metal-

lurgical variations

3) Failure early diagnosis

4) Stress theorical evalutation through calculation programs

and identification of the most critical points.

Preliminary tests are considered as indispensable in support

of loop tests:

- Mechanical measuring instrument calibratio" subjecting to

known transients the instrumented ^tLlVnLA simple geo-

metrical shape

- Application of instruments whose behaviour is well known,to

structure element to be represented and checked by means

of finite element i
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- Repeated thermal shock tests (thermal fatigue) on small sea

le - down .noWtU

- Intentionally destructive shock tests (failure control and

check)

An atomized water cooling device and a sodium circulating

small circuit will be used for these preliminary tests.

Estimated terms:

Delivery of CPC-2 plant
, s t .
1 series test section
, s t
1 campaign term

• j n d ii ii

December 1976

June 1977

6 months

6



4.5.2 - CKEN Experimental facilities for high temperature

test program

4.5.2.1 - ESPRESSO

LOCATION: Brasimone

STATUS: In operation

PRINCIPAL USE : The loop is designed to perform endurance

and thermal shock tests on dummy fuel elements.

DESCRIPTION: The ESPRESSO loop is a sodium test loop made

of stainless steel with two test sections able to accept

one PEC element each.

The liquid sodium circulation is obtained by means of a me-

chanical pump and the loop is equipped with a heater and

an air-cooler to obtain the temperature regulation.

A purification system equipped with two cold traps and a

plugging meter provides !:o get and mantain the required ox£

gen level.

The loop is also equipped with a storage and drain tank

throught which it is possible to fill the loop by means of

the electromagentic pump.

The inert gas system provides to cover the free surfaces of

sodium and to equilize the pressure on the different compo-

nents .

MAIN PARAMETERS

The main operating parameter are

max flow-rate delivered by the pump

max pressure delivered by the puir.p

max temperature

max thermal shock velocities

110 m3/h

10 Kg/cm

600

50

•c

°C/seC

Two kinds of experiments are performed, namely endurance

and thermal shock tests.

Endurance tests are performed by maintaining the fuel elem-

ents inserted in the test section at n constant temperatu-

re for significant period of time (3000 t 5000 h ) .

Thermal shock tests are performed by establishing an axial

temperature profile along the dummy fuel element similar

as much as possible to the reactor one and by sweeping this

profile across the dummy element itself.

The establishing of the temperature profile is performed in

stagnant sodium and tho sweeping is obtained by opening the

inlet quick-opening valve of the test section. The dummy

fuel elements are submitted to a combined campaign of endu-

rance and thermal shock tests in o»rder to simulate the ope-

rating conditions in reactor, namely:

a) exposure in flowing sodium under temperature steady sta-

zionary conditions

b) thermal shocks generated by operational scram

AUS1LIARY EQUIPMENT:

The loop is equipped with a cleaning station able to remove

the residual sodium frow dummy fuel elements by means of

flowing hotnitrogen.

4.5.2.2 - CEDI Duration integral test plant

LOCATION: Brasimone
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STATUS: Post Construction Preliminary Tests

PRINCIPAL USE: The loop will be emploied to perform endu-

rance and thermal shock test on fuel elements for sodium

fast breeder reactors.

DESCRIPTION : The CEDI loop is a sodium test loop made of

stainless steel type AISI 316 with a test section able to

accept an entire group of seven PEC elements» Moreover,

by changing the lower diagrid, it is also possible to test

fuel elements for large fast reactors.

A liquid sodium circulation is obtained by means of a mecha

nical pump anJ the loop is equipped by a heater and an air-

coclerlto obtaine the temperature regulation.

A purification system equipped by two cold traps and a

plugging meter provides to get and mantain the requested

oxigen. leve 1.



The loop is also equipped by a storage and drain tank from

«hich it is possible to fill the loop by means of the elec-

tromagnetic pump.

The inert gas system provides to cover the free surfaces of

sodium and to equilize the pressure on the different corapo-

nents .

MAIN PARAMETERS

4.5.2.3 - CPC-1 157

The main parameter operating are

max flow-rate delivered by the pump

max pressure delivered by the pump

max temperature

max thermal shock velocity

Experimental capability

320 m /h

14 Kg/cm2

650 °C

50 °C/sec

Two kinds of experimental are performed,namely endurance

and thermal shock tests.

Endurance tests are performed by mantaining the fuel elem-

ents inserted in the test section at a constant temperatu-

re for significant period of time (3000 t 5000 h ) .

The»rmal shock tests are performed by establishing an

axial temperature profile along the dummy fuel element s£

milar as much as possible to that one of the reactor and

by sweeping this profile across the dummy element itself.

The establishing of the temperature profile is performed

in stagnant sodium and the sweeping is obtained by opening

the inlet quick-opening valve of the test section.

The dummy fuel elements are sumbitted to a combined compaurn

of endurance and thermal shocks tests in order to simulate

the operating conditions in reactor namely:

a) exposure in flowing sodium in temperature stationary

condition;

b) thermal shocks generated by operational scrams.

AUXILIARY EQUIPMENT:

The loop is equipped by a cleaning station able to remove

the residual sodium from dummy fuel elements by means

of flowing hot nitrogen.

LOCATION: Brasimone (Bologna) CNEN Center

STATUS: Acceptance test before operation

PRINCIPAL USE: Main equipment to carry out tests necessary

to the development of the PEC reactor central loop and

relevant cooling primary circuits.

TESTS

- Tests on circuit performance

- Steady state operation and flow rate transient according

to loop configuration.

- Refuelling with PEC test loop configuration

- Steady state operation with a mechanical test section

- Thermal cycling with "Mechanical test section"

- Thermal cycling with a "electric test section"

- Carrying out of flow rate transients (seizing or feeding

shorcoming to a circulation pump) and c-f natural circul_a

tion tes ts .

- Dissassembly of test loop and circuit maintenance.

PLANT DESCRIPTION

The main parts which form the plant are:

- CS1 main circuit which allows the carrying out of sodium

tests under mass flow and nominal temperature conditions on

the test loop and the relevant primary circuit; it consists

of a part of circuit representing all the same components

of the PEC primary circuits (circulation pump, non-return

valve, component tank, pipings and so on) test loop mock-up

etc.) and of another part of circuit which make it possible,

by means of a s-o-called eight-shaped course, to reach the

highest temperature operation required in the test loop

(660 » 550°C+);this circuit is inserted in the circuit

piping mentioned above by means of especially designed

on-off valves; its principal components are: electric

heater, unit heater, economizer exchanger, additional

electromagnetic pump,

- CS2 Circuit, which achieves the environment conditions

around the loop similar to the PEC reactor ones, according

to test requirements; its principal components are: reactor



tank mock up, circulation electromagnetic pump, unit heater,

pipings .

- CS3 circuit which allows the achievement of hot mani-

pulation tests in test loops of the corresponding test

sections of the transit chanel and the PEC reactor fuel

elements; its principal components are: an expansion tank,

a transit chanel tank, a fixed semi-chanel, a circulation

electromagnetic pump, pipings or valves.

- Auxiliary circuits necessary for the above mentioned

three circuit operations (drainage, purification, covering

gas, compressed air).

4.5.2.4 - CPC-2 CIRCUIT

LOCATION: Casaccia (Rome) CNEN Center

STATUS: Under construction

PRINCIPAL USE: Suitable to carry out tests op. thermal

shocks on PEC reactor central loop limited parts and

components.

TESTS

- Operating and experimental transients; thermal shocks

out of rapid shut down starting from nominal power

(T=57O°C); thermal shock out of rapid shut down starting

from a nominal power under reduced flow rate conditions.

- Incidental transients: temperature variation mockup

due to seizing accident to a pump provided with operating

or non—operating non-return valve.

- Besides the circuit will be capable to perform positive»

transient cycles with 25O°C maximum AT and with 65O°C

maximum temperature. The circuit design has been carried

out so as to allow the performance of transients up to a

rate value of 26,4 Lt/sec for a maximum period of 30 sec

of which 10 sec has an almost constant flow rate.

PLANT DESCRIPTION

The plant consists of two essential parts and of auxiliary

circuits and namely:

- main circuit consisting of a feeding and an exhausting

tank (which is also the draining tank), of sodium deli-

very and return piping-- and a valve which by its inter-

vention brings about shocks; in this circuit is inserted

the safety container, inside which the testing section is

to be found as well as the prearrengement section, the

measuring device and the mixing tank which are components

capable to attenuate the shock effects upstream and down-

stream the testing section.

- Pumping circuit and thermal exchange, cosisting of a

principal electromagnetic pump, of an expansion tank, of

a circuit section including a heater and an unit heater

and a connecting piping to the feeding tank, to the

feeding tank, to the testing sections and to the by-pass

of the section itself.

- Auxiliary circuits necessary to th- above mentioned

circuit operation (drainage, purification, covering gas,

compressed air).
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APPENDIX 1

GOLIA Program

The Golia program developped by T. Donea in Ispra EI'RATOM

center is implemented in the IBM 36O/17S computer of Bolo

gna (CNEN).

It is a finite element program and solves problems of

plane stress, plane strain, generalized plane strain and

axysymmecric, taking into account the creep effects by

using a step by step proceeding in the hypothesis of short

displacements and small strains.

The displacement approach is carried out through a tri-

angular element in linear displacement field.

The non linear problem is solved by the initial strain

method through an incremental proceeding in time and it

is formulated in such a way to allow the utilization of

Runge-Kutta's forth order integration formula which

gives a considerable saving of calculation time as com-

pared to the Euler's method, under equal accuracy.

To describe the material behaviour is used the experimen

tal law resulting from mono-axial tests reaching multi-

axial strain state by the Prandt1-Reuss creep laws.

NON SAP

The NON-SAP program developed in Berkeley Laboratories of

California, has been recently implemented in the IBM

310/175 computer of Bologna of CNEN.

The performance of this program in non-linear statics

field allows non-linear both geometric and material anal-

ysis.

The calculation approach will include the displacement

method application. In the elastic-plastic behaviour anal_

ysis the Von Mises's plasticity criterium is applied with

the two hypothesis of perfectly plastic and isotropic

hardening behaviour.

The calculation method is an incremental one with the ap-

plication of the initial stress algorythm.

The library of available elements contains:

- beam element

- two-dimensional iso-parametric elements for plane stress

plane strain and axysymmetric state

- three-dimensional iso-parametrie elements.

BERSAFE System

The Bersafe system in course of development at CEGB, al-

ready available in its 1 s t and II" phases allowing the

elastic analysis, is now being implemented for the III

phase in the IBM 360/175 computer of Bologna.

T us last phase will include the elastic-plastic and

creep analysis by utilizing Von Mises and Tresca's plastj_

city criteria.

As far as plasticity is concerned, only the isotropic mo-

del will be used.

In the creep analysis it is possible to use the time-

hardening and the strain—hardening model.

The calculation method is an incremental one, and namely

an initial stress for the elastic-plastic analysis and an

initial-strain for the creep analysis.

The library of available elements in non-linear field in-

cludes :

- isoparametric and non-isoparametric two-dinensional

elements, for plane stress, plane strain and axysymmetric

state

- three-dimensional isoparametric elements.

MARC Program

The Marc program developped by Pedro V. Marcal is available

at Marc-Corporation.

The performance of this program in non-linear statics due

to the non-linearity of ehe material, include both the

elastic-plastic behaviour and the creep analysis.

The elastic-plastic behaviour is based on isotropic mate-

rials with elastic properties depending on temperature.

The plasticity criterium used is Von Mises's one and the

possible hardeningmodels are the isotropic and the Kinema-

tic one .
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The creep analysis have recourse to Prandt1-Reuss's flow

rules and the material isotropic behaviour is given by

the user through rule which the strain rate is equivalent

as a function of equivalent time, dose, strain and stress.

The passage from small to large strains is obtained by

means of Lagrange's formulation.

The calculation method is an incremental one and includes

the application of initial stress and initial strain algo-

rythras for the elastic-plastic and the creep analysis

respectively. The element library includes:

- beam or two node pipe elements for traction-compression-

bending and torsion analysis.

- Isoparametric and non-isoparametric two-dimensional elem-

ents for plane stress, plane strain, generalized plain

strain and axysymmetric state analysis.

- Triangular element for bending plates.

- Bent isoparametric triangular element for space shell ana|

ysis .

- Isoparametric elements for three-dimensional stress status

analys is.

ANSYS program

The ANSYS Program developped by Swanson Analysis Systems,Inc.

a proprietary one.

The performance of this program in non-linear statics field

is similar to the MARC'E one.

The outstanding differences concern element library which

includes;

- beam and pipe elements reacting at traction-compression

and bending in a plane and torsion.

- Isoparametric and non-iaoparametric two-dimensional elem

ents for plane stress, plane strain, generalized plane

strain and axysymmetric status analysis.

- Triangular element for bending plates

- Isoparametric elements for three-dimensional stress

state analysis.

The pipe elements inc'ude only the elastic-plastic analysis.

III-3 Test Facility for Large-
Diameter Bellows

K. H. Schallar France 169

I INTRODUCTION'

Sodium cooled fast breeder reactors are designed to work

at temperature levels up to 600°C. Structures are submitted to

changing temperature fields varying between room-temperaturfi

and temperature in operational , incidental or accidental con-

dition. In consequence a lot of problems of differential thermal

expansion arise in structures of such a reactor, problems, which

are increased by the use of austenltic stainless steel, offerring

a high ductility as compared to ferritic stool, but also a higher

coefficient of thermal expansion.

The use of bellows to introduce a higher flexibility in

piping systems, and for the leak-tight connection of two struc-

tures with relative displacements, would result in a more compact

and less costly system. But, contrasting with conventional systems,

any repair or replacement of a structure, at least in the primary

system of a reactor, is difficult or very costly. So bellows would

have to be designed very carefully and an extensive test program

would be necessary.

II - METHODS FOR BELLOWS DESIGN

Actually there are no official rules permitting design

of systems including bellows in the reactor field. In a sodium

cooled reactor, bellows are submitted to axial and lateral dis-

placements, angular rotation, eventually to axial temperature

gradients, eventually to corrosion by oxydod sodium droplets and

to a rather low internal or external pressure for a varying number

of cycles.

Analytical methods should permit the estimation of accumulated

strain during life time and comparison to values of allowable

strain to avoid failure by fatigue or creep damage or a combi-

nation of both. Design charts based on analytical treatment and

limited normally to convoluted bellows have been presented by

Kellogg Company (ref. [1^ ) and by Atomics International



Analysis by the method of finite elements in plastic and creep

range is now accessible at reasonable costs (for exemple by use

of the CEA-DEMT system presented at this meeting , ref. QTJ ).

Most manufacturers rely on theoretical calculations plus experi-

mental methods ; their products are rated for a specified number

of cycles for given temperatures, pressures and displacements

(ref. [_'• J f o r example )

III - BELLOWS FOR USE IN A REACTOR PRIMARY CIRCUIT

Bellows in a reactor primary circuit would have to be

made by cold forming' out of light gage cylinders to avoid circum-

ferential and preferably, longitudinal welds also. U-shaped and

other toroidal elements have to be chosen ; the choice of the

element depends on conditions of self draining and the position

in the structure. The use of a high ductility steel is necessary

to provide the ability to withstand high strain accumulations.

Fatigue damage will be of the low cycle fatigue type :

a number of about 2 000 cycles during life time is typical.

Actually, by analysis following the Nuclear Pressure Vessel-Cede,

Section III and considering the bending stresses in the convolutions

as secondary stresses, design would be too conservative. Large

diameter bellows are working successfully in the fatigue range

in the primary circuits of the French gas cooled reactor lines

and their use in HTR»s is not excluded ; tests have been reported

for working temperatures up to 700"C (ref. [_5j )• The design of

bellows for use in the sodium cooled reactor type is, consequently,

possible and leads to a specific development work involving the

presence of sodium.

IV - CADARACHE TEST FACILITY

One of the problems in a sodium cooled pool type reactor

is the differential expansion between components working partly

in the hot sodium region,and the upper lid of the cold support

structure. Components like pumps and IHX's are supported by the

cold structure; the opening in this structure undergoes displa-

cements between the upper and the lower lid during operation cycles

To assure a leak tight connection large diameter bellows could

be used.

A test facility permitting fatigue tests on full size

bellows has been realized at the Nuclear Research Center of

Cadarache. Bellows are working in argon cover gas of low prosuro

and a sodium vapor environment. Temperature range is from room

temperature to 600°C with the possibility of axial tempera turn

differences up to more than 200°C. A general scheme of the instal-

lation is shown in fjg. 1. A combination of lateral and axial

displacements can be realized (see fig. 2). The bellows are equip-

ped with strain transducers and thermocoupJes.

Full size bellows will be tested in the fatigue and creep range

I

170



V - REFERENCES

1 COO-1^51* - 1

2 NAA-SR-9762

T. Nagata
A. Imazu

171
Japan

"Primary Piping Flexibility Analysis for

Liquid-Metal - Cooled-Fast-Breeder-Reactors"

(1965) Kellogg Cy, Jersey City, N J.

"Stress and Elevated Temperature Fatigue
Characteristics of Large Bellows" ; AI, PO
Box 309, Camiga Park, Ca.

3 Jeanpierre et al ; "CEA-SEMT System of Finite Element

Computer Programs : Use for Inelastic Ana-

lysis in Liquid Metal Cooled Reactor Com-

ponents" IWGFR - Specialists Meeting,

Champion 27.4.1976

h HYDRA - Handbook : "Expansion Joints" , Metall-Schlauch

fabrik Pforzheim, P.O. Box 1280

5 Kobatake et al : "Elevated- Temperature Fatigue Tests and

Ine las t ic Stress Analysis of Bellows",

J . of Press. Techn.; August 1975, 223-229

III-U Recent Efforts of PNC on
Creep-Fatigue, Creep-Buckling
and Thermal Eatchetting of
the MFBR Primary Coolant
System Components

I. Introduction

In recent years, much progress has been made of the Liquid-Metal Cooled

Fast Breeder Reactor (LMFBR) program in Japan, which is led mainly by Power

Reactor and Nuclear Fuel Development Corporation (PNC). The Experimental Fast

Breeder Reactor "Joyo" is undergoing its last stage of the functional test

and the Prototype Fast Breeder Reactor "Konju" is now in the final design stage.

LMFBRs are normally operated under lower internal pressures but at higher

temperatures than Light Water Reactors (LWRs) that are in operation in many

countries. Some new problems evolve in the structural design. In the case

of the LWR, structural materials are normally used under the temperature of
0 o

427 C (800 F ) , where they show no excellent creep properties, and creep

problems are neglected in the structural design. But in the case of LMFBR creep

behaviors of the structural materials cannot be neglected in its design.

We, PNC members, noticed that the reliability of the primary coolant pip-

ing systems has a significant importance in the safe design of the LMFBR and

we have performed various tasks for improvement of reliability of the

primary coolant piping systems. Our efforts are focused around the area where

creep properties cannot be neglected.

In our efforts to establish a structural design method for the components

operated at temperatures susceptible to creep, the problems that annoy us

are not only difficulties to get mechanical property data of structural

materials at high temperatures such as stress-strain relationships in a short

or long term, under multi-axial stress condition, or under stress reversal

that can be classified as a problem of constitutive squations, but then are

also problems directly concerned with failure criteria such as ductile or

creep rupture properties in a long term or under multi-axial stress condition,

creep-fatigue interaction, etc. In addition, we must develop effective

elastic-plastlc-creep analysis methods and we must develop some methods to

prevent unstable behaviors of the structural members at the creep temperatures

in their operational life (a creep-buckling problem).

Our study efforts on the reliablty of the primary coolant piping systems

were mainly composed of the piping structure tests to investigate behaviors of



various structural components that might have some Initial defects and of the

thermal shock tests where thermal ratcheting or thermal fatigue cracking could

occur. Both of the tests «ere conducted mainly at comparatively lower

temperatures where creep properties could not take the dominant role.

Now our efforts are concentrated on the works to study elastic-plastic-

creep behaviors of the model structures of the primary coolant piping components

under some monotonic or cyclic loading and to investigate creep-buckling

properties of the structures caused by accumulated creep strains under

monotonic loading (the creep-buckling test) or to investigate their creep-

fatigue interactions under cyclic loadings (the creep-fatigue test) and on the

works to investigate thermal ratcheting properties that include creep strains

(the thermal ratcheting test).

In this review report the authors present outlines of each test rig

that we used or are using in our tests, those of the test specimens and the

test procedures, typical results of our creep-fatigue and creep-buckling tests

and our future test programs.

2. Outlines of Test Rigs

PNC has constructed various test rigs mainly at O-arai Engineering

Center to test typical structural components.of LMFBRs or to obtain basic

properties of their materials. In this sections the authors present outlines

of the test rigs that were constructed to establish structural reliability of

the primary circuits. These test rigs are

Piping Structure Test Rig (constructed in August, 1971)

High-Temperature Sodium Piping Component Test Apparatus (March, 1972)

Creep-Buckling Test Rig for Piping Components (February, 1975)

Creep-Fatigue Test Rig for Piping Components (March, 1975)

2.1 Piping Structure Test Rig

This test rig has-an objective to test, at room temperature or at

higher temperatures, various piping components of the LMFBR primary cool-

ant piping systems, elbows, tees, nozzles, reducers and so on. It consists

of a servo-controlled electro-hydraulic actuator and its control unit that

enable cyclic loadings of various waveforms to be applied to one end of

the test specimen, a steel franework to fix the actuator and the other

end of the test specimen, and a temperature control unit that keeps the

metal temperature of the specimen constant throughtout the test. The whole

test rig is schematically illustrated in Fig. 2-1. Specifications of

these components of the test rig are as follows:
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Actuator capacity

Actuator controller

Specimen

load ± lOton max.
displacement ±100mm max.

control mode load/displacement controlled

waveform

type

size

Temperature controller control
groups

control

sine, triangular or trapezoidal

elbow, tee, nozzle, reducer

12 in. max in diameter

6 (3kw max. for each) + 6 (5kw

max. for each)

ON-OFF control

2.2 High-Temperature Sodium Piping Component Test Apparatus

This test fig has an objective to investigate thermal ratcheting and

thermal fatigue by transient thermal stresses caused by abrupt changes of

temperature of internal sodium flow. The test rig consists mainly of a

tent cell of stainless steel witli a load inposing device in which tr .test

specimen is installed, a hot loop in which sodium of higher temperature is

circulated, a cold loop in which that of lower temperature is circulated

and a purification loop in which sodium is purified by a cold trap.

Hot and cold sodium are controlled respectively at some constant temper-

atures using an electric hearter. In the case of cold sodium an air

cooler is also used to control the temperature. Each of them is continuous-

ly pumped up to a reservoir tank in each loop. Two automatically

controlled sodium valves are installed at the inlet o£ the test section

and two are also installed at the outlet. Periodically these valves open

or close, and abrupt changes of temperature of the sodium flow In the test

piece are induced.

A schematic flowsheet of the test rig and a schematic of the test

section are illustrated in Fig. 2-2 and in Fig. 2-3 respectively.

Main specifications are summarized below:

Sodium temperature hot loop: 550°C max.

cold loop: 250°C rain,

difference of temperature:300°C max.

(about 100°C sec"1)

20 ton max.

electromagnetic pump capacityiISOi/min. max.

sodium flow rate in the test piecetl50i/min.

Test piece ordinarily a straight pipe of 3 in. in diameter.

Constant weight

Sodium flow rate



2.3 Creep-Buckling Test Rig for Piping Components

This test rig has art objective to investigate creep deformation

behaviors of piping components under a constant load until some buckling

or collapse occurs, keeping the metal temperature high enough and constant

throughout the test. Three sets of steel frameworks were constructed. At

the one fravorks a circulated air of high temperature is used to control

the temperature of the specimen, and at the other two, up to 12 blocks of

electric heater installed inside or outside of the specimen are used

respectively. Loads are applied by a set of steel plates through a steel

wire to one end of the specimen. An elevator using a worm gear is installed

at each framework that eni.i.ii!S to apply an initial load almost statically.

(fall rate is about 22 mm/min)

Fig. 2-4 shows the entire rig schematically.

Main specifications are :

Dead weights 3.5 ton max.

Moment lever 2.1 m max.

High temperature air circuit

fan flow rate 50m3/min.

air temperature 700°C max.

furnance capacity 50 kW

heater controller

numbers of blocks 2 sets of 12 blocks

(3 kW for each block)

temperature control ON-OF1* control

separately for each

block

2.4 Creep-Fatigue Test Rig for Piping Components

This test rig has a sodium loop and bigh-temperature sodium circulates

through the test specimen. This creates aflat temperature distribution on

the specimen and makes it possible to perform fatigue tests under a condi-

tion extremely similar to that of the actual plant.

The test rig consists mainly of a sodium loop, a servo-controlled

electro-hydrauric actuator system and their controllers. The test specimen,

the actuator, and a steel frame that is used to fix them are put in a test

cell of steel, because tests are usually continued until a fatigue crock

grows through the wall and some degree of sotivn'j leakage occurs.

The sodium loop consists of an elect-o-T-ig-isrii. pump, a main heater,

an electro-magnetic flow meter, an expiiisJ"fl la?M that enables to impose

a constant internil pressure up to 8.5 kg/cm2 to the specimen, a plugging

meter that monitors the purity of sodium during tlie test and a purification

section that purifies sodium prior to cyclic-loading test. The temperature

of the specimen is kept constant by controlling the main heater by the out-

put of a thermo-couple put into the inlet pipe of the specimen.

We can impose various types of loadings to the test specimen. As a

controlled value we can select any among a load, a deflection and any

other values. The controller of the actuator has a function generator

specially designed, which enables us to use a trapezpidal waveCorm that

may have .irbitary times for an upper or lower peak duration or for a

transient slope.

Fig. 2-5 shows the flowsheet of this test rig

SpecificatioiiH are as follows

Sodium loop max. operating temperature 600°C (400°C)

max. operating pressure 3 kg/cm2 (8.5 kg/

cm2)

150!./min,

Actuator max. load ±10 ton

+250 mm

Test cell dimension 6.6 mx3mx5.8mH

Test specimen type elbow, nozzle,

reducer, tee, etc.

12 in.
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max. sodium flow rate

max. load

max, stroke

dimension

type

max. nominal diameter

3. Test Assembly.

In this section, test specimens or test assemblies for the tosts are

presented.

3.1 Test Assembly for Piping Structure Test

Elbows (one had a lug for support and other one had an additional

thinner pipe outside of the inner pips (double-walled pipe) as in the

primary coolant circuits of the experimental reactor, "JOYO"), tee junc-

tions, reducers, nozzles were selected for the test assemblies for the

piping structure tests. Some of them had been manufactured to posses some

artificial notches before the tests so as to investigate fatigue strength

under some initial defects or to investigate fatigue crack propagations in

the three-dimentional.structures under cyclic loadings. Schematic figures

of the specimens are shown In Fig. 3-1-7.



3.2 Test Assembly for Thermal Transient Test

For the High-Temperature Sodium Piping Component Apparatus, test

specimens of relatively thick-walled straight pipe with come length of

thin-walled section were used to obtain basic data of the material, type

304 stainless steel, under hot and/or cold thermal shocks, especially to

get data of thermal ratcheting and of thermal fatigue.

Typical test assemblies are shown in Fig. 3-8 (for measurement of

temperature distributions in the wall), Fig. 3-9 (for thermal fatigue test

at the welds) and Fig. 3-10 (a •standard specimen for thernal ratcheting

test).

transducers, load cells, thermocouples, Jtc. are directly connected to this

acquisition system. A set of data up to 120 is measured every one minute

or longer interval.

The other system has a higher sampling rate up to 0.1 sec per set of

data. We CLII obtain data up to 128 almost simultaneously. Each set of

data is recorded on a magnetic tape and we can calculate with CPU by use

of this tape if necessarry after the test is completed. In this case

many amplifiers are needed to transfer data to the acquisition system.

We used as many as 72 strain amplifiers at the same time, for example, in

the case of the tests at room temperature.
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3.3 Test Assembly for Creep-Fatigue Tests

Elbows were selected as specimens at the first stage of creep-fatigue

tests of the LMFBR primary coolant piping components. Two tests were

performed in 1975. To ':̂ ep the temperature high and constant during the

tests, high-temperature sodium flow of 1501/min was used in one case

(BE-101), and in the other (BE-201), S blocks of electric heaters were

installed inside of the specimen and controlled seperately. In the former

case, a set of guard structure and two pots of stainless steel were

installed outside the specimen to prevent disaster due to leaked sodium

that should appear at the end of the test to scatter or to flow out in the

test cell. Fig. 3-11 (BE-101) and Fig. 3-12 (BE-201) show the outlines

schematically.

3.4 Test Assembly for Creep-Buckling Test

One tPst (BE-302) was performed for creep-buckling test in 1975. An

elbow model specimen was used. It is illustrated in Fig. 3-13.

4. Measurement.

1.1 Measurement System for Piping Component Tests

Usually in piping component tests, a great number of data must be

obtained. Especially where creep properties of the material can appear,

they should be measured all at the same time at every appropiate interval.

Mainly because of the reasons mentioned above, two types of data

acquisition systems are used in the tests. One has a relatively slow

sampling rate and is used for creep-buckling tests where the applied load

is almost constant and measured values change slowly. Most of the

measured signals from various transducers such as strain gages, displacement

4.2 Measuring Items in Piping Component Tests

"n the piping component test, not only load and displacement at one

end of the specimen but strain is measured mainly at highly stressed

portions using strain gages.

Foil type strain gages with gage length 2 mm or 5 mm were usually

used in the tests at room temperature. At elevated temperatures, weld-

able high temperature strain gages, Ailtech model SG 425, were used.

Attempt was made to measure crack depth by measuring electrical

resistance for an artificially sawed initial notch (the principle of this

method is shown in Fig. 4-1). Crack gages were also used to detect when

and where fatigue cracks initiated or propagated, in some cases, at room

temperatures.

Higher temperature makes it so difficult and highly costly to

measure strains. For elbow specimens, a cross section measuring device

(as in Fig. 4-2) was designed and successfully used to measure strains in

the form of displacements.

Metal temperatures were monitored continuously by C.A. thermocouples

attached to the surface of the specimen in the elevated temperature tests.

Fig. 4-3 schematically .shows an example of arrangement of strain gages.

Fig.. 4-4 shows the arrangement of measuring devices for BE-101 (creep-

fatigue test in sodium environment), Fig. 4-5 for BE-201 (creep-fatigue

test in air) and Fig. 4-6 for BE-302 (creep-buckling test).

4.3 Measurement in Thermal Transient Tests

It is extremely difficult to measure strain by high temperature strain

gages when temperature change is encountered, because a drift of output

caused by the temperature changes is usually large. In this test, the



specimens used in the test were so simple that strains were measured in

the form of displacement between two cross sections (that are shown as

edges in Fig. 3-8-10). Load was measured by a load cell and also temperatures

by C.A. thermocouples mounted on the surface, inside of the pipe wall or

inside of the pipe. Data were recorded wich high speed pen recorders and/

or data recorders.

A.A Acoustic Emission Measurement

Signals of acoustic emis'ion (stress wave emission) were also measured

in the tests under a cooperative program with Central Research Institute of

Electric Power Industry (CRIEPI).

Frequency of the signal to detect is higher than 100 kHz (ordinarily

100 kH: - 1 MHz) because background noise is considered to be relatively

greater in amplitude in the lower frequency region. Some AE sensors of

flat frequency responce were attached to the test pipe with the aid of

wave guides of stainless steel with length 200 - 300 mm (about 8 in. - 12

in.) and diameter A - 6 mm (1/6 - 1/4 in.). One end of the wave guide

was welded to the specimen and the other end to a plate of a dimension

50 * 50 mm so that an AE sensor can be fixed. Output of the AE sensors

was amplified by preamplifiers placed near the sensors and then transmitted

to the main AF measurering systems set in the control room.

The main system has three frequency filters, three main amplifiers,

three rectification circuits, etc. that enable to transform AK original

signals into some feasibl" values for analysis. Sensor arrangement for

HF.-201 is illustlalcd in Fit;. '<-7 and the system used there in in Fig. A-8

as a typical example.

5. Test Condition.

5.1 Test Conditions in Piping Structure Tests at Room Temperature or at

Relatively Lower Temperatures.

Generally the internal pressure in the LMFBR primary coolant piping

systems is comparatively lower but the temperature is higher than the

case of LWR. One of the main loads in the system is a reaction force

due to thermal expansion applied cyclically at every start up and shut

down cycle.

In the present design of LMFBR such as the experimental reactor "JOYO"

or the prototype reactor "Monju", it is intended to reduce thermal

expansions by flexibilities of piping components, especially by those of

elbows inserted among straight pipes. So it is very important to investigate |/j

the behavior and the strength under cyclic loadings of elbows, tees, reducers

and nozzles where stress/strain concentraition might occur.

Because of the reason mentioned above, cyclic inplane or out-of-plane

moment loadings were imposed to various types of specimens. As in

general a thermal expansion load is classified as a displacement controlled

load because the load decreases with increase of the displacement,

most of the component tests were performed under a displacement controlled

condition. The displacement amplitude used was set where failure

occurred in about 101* cycles corresponding to those got from mulliplying

the safety factor 20 used in the present design code for cycle numbers

against low cycle fatigue failure mode by the .number from some hundreds to

a thousand of start up and shut down cycles in the actual LMFBR plants.

In this case local strains in the test specimens became considerably

greater than in the actual plant.

In audition to these, some tests were performed with an intitial notch

sawed artificially at the weakest portion in the structures to Investigate

the strength and the fatigue crack propagation behaviors under cyclic

loading in the case where there were some (undetected) defects. Load

controlled mode was selected for these tests and the loading levels used

Kt:re those that kept nominal stresses near the notch almost in an elastic

region.

5.2 Test. Conditions in Therm.il Traiisienl TestK

Main parameters in thermal transient tests are an axial load (an

axial stress) and differences in temperature. (As well as the differenrr-

between the highest and the lowest in temperature, a change rate in

temperature has a significant influence on structural behaviors in thermal

transients.) At an early stage of th^ serial tests, a step-up method was

adopted where the axial load was changed stepwise after about a hundred

cycles at each step while keeping the same temperature condition. At the

second stage, tests were conducted under a constant axial load to obtain

basic data under thermal transients.

Fig. 5-1 shows a series of test conditons at the second stage where an axial

force and a minimum temperature were used as two parameters. Fig. 5-2

shows and example how the temperature of the fluid and the pipe wall change

in the test. Some tests has been performed with specimens that have butt-

welds at several sections as in Fig. 3-9 to investigate thermal fatigue

strength of tho welds under cyclic thermal transients.



5.3 Test Conditions in Creep-Fatigue Tests.

As main parameters that affect the creep fatigue strength of materials,

there are a strain rate, a hold tine, an environment, etc. in addition to

a strain range and temperature. In the tests performed at PN'C, test

conditions should be selected to be siinilor to or to be a typical example of

the case in the actual LMFBR plants. In addditon, they must be selected

to be terminatted in a limited period and to make it possible to be

evaluated by use of limited quantity of measurable data from some devices

such as high temperature strain gages and available material data. For the

test of the model BE-101 (creep fatigue test of elbow specimen in sodium

environment), which was ehe first one in a series of creep-fatigue tests

of piping components, load was applied under a displacement-controlled

condition in a triangular waveform to obtain basic data. The loading

frequency was selected so as to set a strain rate to about 3-5x10~1' sec"1

at the position wheie the maximum strain appears.

On the other hand, for the test of the model BE-201 (creep-fatigue

test of an elbow specimen in air), load was applied also under a displace-

ment-controlled condition but in a trapezoidal waveform in which the

displacement was kept constant only at one peak position. This waveform

corresponds to the ones in the piping system of actual LMFBR plants,

where displacement from thermal expansion reaction is almost kept

constant for a long term in operation when stress relaxation or creep

deformation can take place;however during shutdown some residual stress may

occur but can c.iuse neither exceeding stress relaxation nor creep because

of the low temperatures.

A term of 100 seconds was selected for a hold time mainly for the

reason that Loo long a term would make the test very difficult.

The rising rate was nearly equal to the rate that the actuator could

accomplish.

Temperatures were kept constant at about 600°C throughout both tests.

This temperature is considerably higher than in the actual plants but is

considered to cause higher creep rate and hence supplement a shorter hold

time in the tests. The fact that the high temperature strain gage,

Ailtech SG425 can be used reliably only under 600°C is another reason for

selecting 600"C.

5.A Test Conditions in Creep Buckling Test

It was kept at the same temperature, 600°C, in the creep-buckling test,

BE-302 for the same reason as in the creep-fatigue tests.

Load W.TS applied stepwise, seven steps in total, to estimate the

creep rate at each step and the displacement at collapse approximately.

First at each step, some amount of dead weight was applied on the specimen

extremely slowly and was kept for a certain time until the end deflection

and the strains reached a nearly stationary state. Then the specimen was

unloaded and a next set of dead weights was applied.

6. Test Results.

In this paper, authors present only a part of results of the creep-

fatigue tests (BE-101, bE-201) and the creep-buckling test (BE-302). Some of

the results of the piping structure tests are in Ref. 1, 2, 3, 5 and those of

the thermal ratcheting Lests are in Ref. U. The latest results of them are

being prepared for publication.

Some of temperature distributions, relationships between load and end

deflection, AE results, etc. are presented in this chapter. But measured

strain results are not presented because reliability of high temperature strain

gages is doubtful as will be mentioned in 7.2. The authors are now planning to

perform a calibration test of high-temperature strain gages. Then the data

measured with them will be re-evaluated and will be presented.

6.1 Creep-Fatigue Test in Sodium Environment BE-101

As shown in Fig. 6-1, a temperature distribution in the specimen was

obtained. The test was performed as outlined bellow.

(a) Changing the load applied at one end very slowly, static
relationships between a load and displacements (strains) were
obtained.

(b) One load cycle of a trapezoidal waveform whose hold time at each
peak was 1800 seconds was applied, where displacements and
strains were measured.

(c) Staionary displacement cycles of ±30 trail; 3 cpm were continued
until a sodium leak from some through-wall crack occurred.

The static relationships between a load and an end displacement is

shown in Fig. 6-2, and that in the cyclic triangular waveform is in Fig.

6-« and in Fig. 6-5.

Accumulated counts of AE signals that can present a time variation of

of AE activity are also shown in Fig. 6-6.

6.2 Creep-Fatigue Test in Air RE-201

In this test, a trapezoidal waveform was used. The test was performed

as described bulov.. V_", wi >; iin.i'er a displacement-controlled condition.
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(a) Static tests, ''same as in BE-101)

(b) Tests in various type of trapezoidal waveforms. Displacement
ranges and hold times were varied paramctrically.

(c) Stationary cyclic test (±30 mm, 100 sec. held at one peak)

Relationships between a load and an end deflection under Uie stational

waveform are showr. in Fig. 6-7 and in Fig. 6-8.

Accumulated counts of AE signals are also shown in Fig. 6-y.

6.3 Creep-Buckling Test BE-302

BE-302 is a creep test of an elbow specimen at 600°C.

Applied loads were varied stepwise as described in Section 5.4.

Behaviors of the displacement at one end of the specimen during the test

are shown in Fig. 6-10 with values of the load at the end and of the

stationary deflection rate there at each step. The load and the stationary

deflection rate seem to be in some power relationships as Spence predicts in

his paper. (Ref. 16) Cross section deformation was measured and presented

a good result as described in Section 7.2. An example of measured displace-

ment values are shown in Fig. 6-11 and circumferential strains calculated from

them are in Fig. 6-12.

7. Evaluation of Test Results

In this chapter, the authors briefly show the most important iLems or

methods to evaluate data of creep-fatigue tests and/or creep-buckling tests.

7.1 Evaluation of Strains

In the creep-fatigue tests of the piping components or in the creep-

buckling tests of them, there happens that elastic-plastic-creep

behaviors of the material really appear especially at the weakest portion

in the structure. The condition that the displacement or the^pplied

load at one end of the specimen is kept constant does rot mean that local

strains or stresses are constant. At higher temperatures there may be

strain redistributions or stress redistributions as time goes on and

hence local strains and stresses may exhibit very complicated behaviors.

Moreover we can only measure a total strain that are the sum of an elastic

strain, e plastic strain and a creep strain.

Measurement of strains at elevated temperature is extremely difficult

by itself as mentioned in the next section. Even if it can be done

successfully, there is also a difficult problem to extract, from measured

strains, neccessary values to evaluate the strength. Strains are usually

in multi-axial state (in the case of the components of the LMFBR they

are normally in plane-stress condition) . Therefore some equations are

needed to make it possible to compare strain data in multi-axial condition

with those in uniaxinl condition where data may be obtained relatively

easily and hence where usual evaluation of material strength is based on.

So in evaluation of the component tests, especially in that of creep-

fatigue tests, there appears the same problem how to construct constitutive

equations of materials as in analyses by computation such as the finite

element method (FEM) .

The authors outline below how to evaluate strains in the component

tests in a brief manner.

(1) Simplified Methods

Simplified methods have a merit to be used e.ir.ily but their accuracy

depends on what assumptions are made.

The easiest method to evaluate inelastic strains will be the one that

uses an assumption that local stresses become zero when the end load

indicates zero in a cycle. In addition, if there occurs neigher plastic

nor creep flow on the process from one peak to zero, we can easily detect

the inelastic portions of strains from the differences of the values at

two zero positions. In the case of a triangular waveform, we can easily

calculate an inelastic strain range and a total strain rate and compare

them with uniaxial data.

But if there are plastic or creep flows, the position when the end

load is zero cannot coincide to the position when stresses at some local

position become zero because of residual stresses. This method in itself

should give a relatively small inelastic strain range. So plotted data on

S-N curve by this method will be lower than the one where they should be

plotted.

There may be more reasonable simplified methods. The most strict

and accurate method will need a calculation from the virgin state of

materials, but some methods would be feasible that can estimate stresses

easily but enough from a stationary elastic-plastic-creep strain cycle.

But first it is valuable to know what is the most accurate form.

(2) Elastic-Plastic Stress-Strain Relationships

For elastic-plastic stress-strain relationships of austenitic stain-

less steel, these rule.' can be used.
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(a) A yield condition by octahedral shear stress (von Mises') theory

(b) an ordinary type of flow law

(c) a kinematic hardening rule

(d) bilinear stress-strain relationships

We can use them in the equations as below.

The yield condition using a kinematic hardening rule can be written as

f = j [o'-a']{o'-a'} = Y (7.1)

where a' and a' denote a deviatoric stress vector and a deviatoric translation

vector of the yield surface respectively, a can be denoted by Prager's law.

{da} = C{deP} (7.2)

The flow law can be written using a scalar, d\ as

{dcP } = dx{3f/3o) (7.3)

and stress-strain relationship in the plastic region as

do7 = H' dep (7.4)

where do and dcP denote an increment of stress and that of strain in the

form of octahedral shear stress and strain respectively. Then an

increment of stress,{do}, and an increment of strain {de} can be related

using a tensor [De] that denote Fook's law in the elastic region,

{da} = [Dep]{dE}

[De] - a o •* LiicrJ

llt] [ne]{|X}

(7.5)

(7.6)

If we set that da3 is equal to zero, that is, the plane stress conditon,

the equations (7.5), (7.6) can be compressed to a two-dimentional form, and

we can calculate two stress components from two measured strains.

Moreover if a stress reversal occurs, these relationships can be written

as

if lda}> 0 {da} =

[f|]if [f|] {da}> 0 = [De] {de}
(7.7)

(3) Creep Strains

It is not fully understood how the stress-creep strain relationships

are under multi-axial cyclic loading conditions.

A method that seems appropriate is one that can be led from the ORNL

recommendation. In the ORNL, recommendation for creep strains, a strain

hardening law and a concept of creep strain origins' are used.

For the strain to be used in the strain hardening law, both the primary

creep strain and the total creep strain are allowed. It would be easier

to explain that a primary creep strain implies the extent of hardening

because it seems to express the extent of dislocation in the material

that controls hardening. However, accurate creep equations have not yet

been obtained and a hardening law itself is in the cource of investiga-

tion today. So it would be more appropriate now to use a total creep

strain that can be obtained more easily as a value for the hardening law.

A concept of creep strain origin in the OKNL recomendation seems to

express well creep strain behavior when the stress direction does not

change. But in general, when the stress direction may change it will be

impossible to express strain origins' with only two points. If we

introduce a creep strain origin surface, spherical for the Isotropie

materials such as austenitic stainless steel type 304, the problem may be

solved in the fron of equation. It is not based on actual material data,

but it seems to be a most appropriate assumption.

A creep origin surface can be written in a similar manner to the yield

surface based on the kinematic hardening rule.

US - BlUg- ß) - (7.8)

where c% denotes a creep origin, g a center of the surface, and r a radius

of it. An origin under certain combination of stresses can be obtained as

an intersection between a straight line cc + xd£c (cc:a creep strain vector

at the time, x:a scalar, de :a creep strain increment vector) and a creep

origin surface where [E C - eo]{ds} > 0. As a creep strain cannot go out

of the surface, the creep strain origin can be defined as one value easily.
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Definitions for increment and translation of the origin surface are

as follows. The origin surface doesn't change when a creep strain is in-

side of it, that is [E C - B ] { E C - S) <r , or when a creep strain increment

vector is toward inside of the surface. Only when a creep strain is on

the surface and an increment is toward outside, the origin surface can

change according to

dß = -de c

2

(r + dr)

(7.9)

- B ] { E C

These definitions express in the most feasible form the conditions of

isotropy and of the assumption that creep strains once induced do not

disminish at all. They have not been proven by material tests, and

accumulated creep strain may diminish in some degreee when materials are

kept at high temperatures for a long term. Various types of creep tests

should be needed, for example under multi-axial cyclic stress conditions.

Using the assumptions mentioned above with an ordinary flow law, creep

strain equations, etc, we can calculate creep strains or relaxed stresses

under certain stress or strain conditions.

(4) Interactions between creep strain and plastic strain

In the ORNL recommendation, some suggestions are presented that creep

strain acts a role similar to plastic strain in the elastic-plastir

kinematic hardening law. However it is finally assumed, probably for the

reason that constitutive equations should be described in a feasible form

that there are no interactions between creep and plasticity.

This assumption rejects the existance, as a stationary cycle, of such

strain cycles where a creep (or plastic) strain at tension is not equal

to that at compression in a cycle because some creep (or plastic) flow

should be introduced in such cycles. It also seems to reject the use of

Manson's strain range partitioning method in creep-fatigue evaluation.

Those cycles seem to exist statimary and it would be better to construct

constitutive equations to sllow them. Here we take a creep strain into

the kinematic hardening law in the same manner as in the case of elastic-

plastic relationships, then a transition increment da can be written as

da = c(dcP + (7.10)

Since effects of plastic strain on creep strain are not well known, it

would be allowed to neglect them.

Equation (7.10) makes stress-strain relationships in an inelastic

region too difficult to write corectly and, at the same time, explicitly.

However in nost cases we can calculate a creep strain increment in a

small time interval, dt, using an assumption that stress states do not

change greatly then and a stress or a plastic strain increment using an

assumption that a small creep strain increment cannot affect elastic-

plastic calculation so much.

Finally, we can extract stress increments from measured strain

increment in the form t at

{do} = [Dep](dE - dec} (7.11)

We are now trying to calculate stresses in the component tests at

elevated temperatures in this v.iy.

(5) Equivalent Strain

An octahedral equivalent strain "c is usually used as an equivalent

strain tinder multi axial stress conditions,

,2^ 3

or using principal strains e», e2» £3

- /f
e " T

(7.12)

(7.13)

Applying this equation to an uniaxial case, it is obviously noticed that

this "e" does not coincide with an uniaxial strain except that the Poisson's

ratio is equal to 0.5.

Zamrik proposed in his paper (Ref. 15) an equivalent strain eeq using

an "effective Poisson value" such as,

if eeq >

i£

• < = e q

(7.14)

(7.15)



where Ey is the yielding strain, vp is the plastic Poisson's ratio and ve

is the elastic Poisson's ratio.

This equation will be better to use where elastic strain components

cannot be neglected. It can also be written in an inelastic region using

If as

where °-.5 is used for vp_

Under tVw plane stress condition that

(7.16)

some of the results of cross section mesurement are presented.

(2) Relationships between strains and displacement in elbow

In the case of pipe elbows, strains, Eg and ti ('0' denotes the

meridional direction and '<£ ' denotes the axial direction in the elbow

pipe) can be written using radial displacement w and circumferential

displacement v on a cross section as,

E« = <=„„ - K O Z ' (7.18)
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E3 -ve

~ve
(7.17)

Then from £j and c2, we can calculate e e q - W e u s e t h e equation (7.16) for

an equivalent total strain and the equation (7.13) for an equivalent

inelastic strain. It seems rather suspicious to use the equation (7.14)

even when creep strains may occur. But now there is no other reasonable

way to deal with multi-axial strains.

7.2 Cross Section Measurement

(1) Reliability of high temperature strain gages at elevated temperature

At present we use high temperature strain gages, Ailtech Model SG 425,

and analyze assuming that their outputs are correct. However the condi-

tion that they are used at temperature as high as 600°C and under strain

range as large as some thousands micro strain, makes their outputs rather

doubtful. Especially it is not well known in what degree their gage

factors decrease as temperatures go high or how their outputs indicate

when they are kept under some constant high strain condition at elevated

temperatures.

Therefore we use more than one gage at the same time to measure

neccessarry strains and exclude erroneous data. Moreover, in addition to

trying to calibrate high temperature strain gages with a high temperature

fatigue test raachi::e, in the case of elbow specimens, cross section

mesuring devices originally designed were attached to the specimens, and

produced reasonable strain data. In this section, principles and

L _ {(wcosQ-vsinO)+ -4.— rcosO)
R+rcosO a

(7.19)

where R is the bend radius of the elbow,t is the pipe radius and — is an
a

increment ratio of bend angle.

In structural analyses of pipe elbow, an assumption is usually made

and is known to produce reasonable results, that ee0, a strain at the

raidsurface of the wall is constantly zero. Then the equation that

v =-/wdO (7.20)

can be used, and Eg a'.id £* are extracted only from w and -iiü .

(3) Measurement of deformations

The relationships are relatively easily obtained between the displace-

ments w, v of the point P and the change of the segment PQ, n(in length),

C(in angle) as shown in Fig. 7-1.

w = -r\ + Wo cos0 + 2(R* - r + n)sin -J

(7.21)
v = (R* - r + n)sinC

where R* denotes the radius of the cross section measuring device.

An unmeasurable term, w cosO, in the equation of w can be neglected

as «11 as other errors in measurement as a term of rigid body motion.

The values, w and v, are extracted through being fitted in some triangular

function series from measured ns »nd Cs, and then strains can be calculated.



Especially when R* is large enough,i falls to a very small value,

and the following results can be obtained that,

w = -n + wo cosG (7.22)

does not exist respectively, tr is the rupture time at the applied stress

level and D is the value equal to or less than 1 that is a function of

n/N and /dt/tr.

Coffin proposed in his papers (Ref.(11)) that
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Then we can calculated strains by the assumption mentioned in 7.2(2) only

from n and £2
a '

(4) Test Results

This method to measure strains from cross section displacements was

applied to all of the tests, BE-101, BE-201 and BE-302. Only n at every

30" and ÄH were measured with the device that had a large radius R* am.1

a
achieved a success. Cyclic results in the creep-fatigue tests are in

the cource of analysis. In this paper, strain distributions obtained by

this method at each step in the creep-buckling test BE-302 are shown in

Fig. 7-2. They appear very reasonable and coincide fairly well with the

values measured by a high temperature strain gages.

As the method used here is based on the assumption that the strain at

the midsurface is zero, the maximum circumferential strain on the outer

surface and that on the inner one take a same value of opposite sign.

But in actual cases, the latter strain is fairly greater than the former

strain, which means that the strain at the midsurface is not equal to zero.

So we are planning to construct a device that can measure n and C

simultaneously.

7.3 Evaluation of Creep-Fatigue Interaction

(1) Various Evaluation Methods

As there exist difficulties in measuring and evaluating strains of

structures at elevated temperatures, there also exist difficult problems in

evaluating the fatigue life of structures under cyclic loadings at high

temperatures where creep strains cannot be neglected.

It seems that a' least there have been proposed three types of

equations concerning creep-fatigue interaction. In ASME Design Code Case

1592 (Ref.(20))

(7.23)

where in their original meanings n and N are the applied number of strain

cycles and the number of cycles to failure at the same strain range where creep

Ac l n - (7.24)

where A£fn is the inelastic strain range, C2, k and g are material constants

that are also effected by temperatures and environments and Nf is the

number of cycles to failure.

Hanson also proposed as the strain range partitioning mehtod, (Ref.(12),

(13))

Nf = N
Pp N

Cp

F P C

N
+

pc Ncc
(7.25)

where Nr is same as in the equation (7.24), the suffixes show types of strain-

ranges such that 'cp' shows creep in tension and plastic in compression,

F is the fraction of each type of strain range and N is the number of

cycles to failure when the total inelastic strain range AEj.n is applied in

each type of strain range.

They can be written as a damage value in one cycle respecively as

follows

"pp

Npp(const.

(7.26)

(7.27)

NPP &£in
Ncp AE

in pc
Aein in

where T is the time per cycle and here notations are unified to those

in the equation (7.25) as possible.

The equation (7.23) or (7,26) seems to be a brief type at a glance,

but it is suspicious whether the creep damage in a cycle is evaluated

as -^XT^- a n d tlie interaction between creep and fatigue is evaluated with

a parametric value D that can be easily defined by a sum of creep damage

n/fr— and a sum of fatiue dama£.i — .



The equation (7.24) or (7.27) shows that each damage in a cycle where

an inelastic strain range has a value of Acin c a n be defined only by the

time per cycle T and a parameter k of environmenfil effects. Coffin tried

to verify this relationship referring t-o data in vacuum and those in

air. It seems reasonable and feasible.

The equation (7.25) or (7.28) seems to be based on the fact that the

creep strain in a cycle acts some different role on damage and that the

creep strain in tension brings more serious effects than that in compression.

The equation has relatively o complicated form and come new parameters.

However Munson suggested in his papers that these parameters are not

affected so much by temperatures, that is, the same c-N curves can be used

for them at various temperatures. Moreover these c-N curves, c = C N ^ have

similar values for ß, and it will not be too conservative in actual cases

to consider pc strain as cp strain. Then the equation (7.28) becomes more

simplified in the region where actual structural design cases are

concerned like that damage in a cycle is equal to

PP
(ÄE

Pp
CcP

4 epc ) Aecc>
(7.29)

where Ccp and Ccc are constants that are not affected by temperatures.

Both the equation (7.24) and chat (7.25) have some reasonable meanings

as shown in Coffin's or Manson's papers.

There seem to be environmental effects in creep-fatigue interaction

and also the strain range partioning explains some aspects of the interac-

tion reasonably.

Unfortunately the lack of data, especially those that express inelastic

behaviors of materials under cyclic loading, nakes it extremely difficult

to decide which can be used in the actual structural design more success-

fully. On the other hand, high temperature structural design codes are

actually needed to construct Fast Breeder Reactors, and the regulations

for creep-fatigue interaction seem to be most definitive in many cases.

More work should be needed in these basic areas.

(2) Evaluation of Creep-Fatigue Interaction of Component Tests

There are many problems to be solved in strain measurement as mentioned

in Section 7.2, in strain evaluation as mentioned in Section 7.1 or in

creep-fatigue evaluation as in the last term 7.3(1). The evaluation in

this term is a very preliminary one based on the data that were to be

modified through various additional tests.

(a) Evaluation processes

For the present case, it is assumed that local stresses become

zero when the end lond becomes zero. This assumption gives a smaller

value for the inelastic strain range as mentioned in Section 7.1.

In the case of the elbow used in our tests, the maximum strain on

the inner surface is greater than the one on the outer surface under

in-plane bending moment loading. Fatigue cracks first appear on the

inner surface. However strain measurement is rather difficult there

because we can attach strain gages on the inner surface only before

the specimen is constructed. Jn the case of BK-]O1 where high

temperature sodium is circulated through the specimen, it becomes

extremely difficult to draw out lead wires of strain gages from the

inside of the specimen. So here we adopted a mehtod to assume

strains on the inner surface from measured strains on the outer surface

based on data of BE-2O1 as shown in 7.3(3)(d).

It is almost impossible to apply Hanson's type of evaluation to

the component tests mainly because of the lack of basic material data.

Only few data are available to evaluate creep strain components in a

cycle. Here a preliminaly method was tried to obtain them using the

total strain theory in plasticity.

Strain hysteresis becomes thin as loading cycles go on. There

are some proposals concerning after what number of cycle it can be

considered to be stationary. Here we used data at the 40th cycle.

(b) A preliminary calculation of equivalent strains on the outer

surface in the tent, BE-101

Histerosis of circumferential and axial strains, Eg and ê ,, at the

40th cycle at 0 = 95° (where an equivalent strain is proven to take

the maximum value) on the outer surface were measured by high

temperature strain gages. There is some uncertainity in obtained

values, but here we use them assuming that they are correct.

Equivalent strains can be estimated using the equations in 7.1(4)

Ae e q = 3580 u

Aeeq,ine = 740 V

where Ä£eq *s t n e equivalent total strain and Aee_ j n e is the

equivalent inelastic strain. The strain rate is calculated using the

time percycle, 20 sec, as about 3.6'10"'*/sec.
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(c) A preliminary calculation of equivalent strains on the outer

surface in the test BE-201

Those in BE-201 are also estimated in a similar manner that

Ae e q = 4040 v

Aceq.ine = 1250 u

and

strain rate in transient portions of a cycle

about 2.7 x 10"3/sec

time per cycle 103.1 sec.

rising time from one peak to the other 1.5 sec.

hold times at the peaks 100 sec. and 0.1

sec. respectively

Then a portion of creep strain can be calculated applying the total

strain theory and assuming that stresses in tension are equal to

stresses ia compression and that no stress relaxation occurrs during

the hold time 100 sec. as an equivalent creep strain in tension 1.3y

(Creep Equations that are presented in Ref. (19) are used here)

(d) Correction by the ratio of strains on the inner surface to strains

on the outer surface

It was tried in BE-201 test to measure strains on the inner surface.

But strain gages attached there showed erroneous outputs soon after

the arranged cycles had been started. Here we try to assume stationary

strain behaviors from the measured strain behaviors both on the outer

surface and on the inner surface at the first cycle.

It is assumed that a total strain ratio is kept constant, (.hat

is, the neutral surface for strain in the wall is assumed to stay at

the same place. Then an equivalent total strain range and an

equivalent inelastic strain range on the inner surface can be estimated

using the equations as

^eq.in = K-A E e q > o u C (7.30)

Aceq,ine,in = (K - 1)(1 - j)Aeeq>out+Aeeq,ine,out

where K is a ratio of equivalent total strains at the first cycle, E

is Young's modulus and F is a tangent in a bilinear stress-strain

relationship. K is estimated to take a value, 1.4, and the equivalent

inelastic sLrain obtained using the equation (7.30) shows only 42 error

to the one that is calculated according to the equation (7.13) based

only on tlie strains on the inner surface.

Then equivalent strain ranges on the inner surface are assumed,

in BE-]01 Ar,,q - -5010 u

ÄEeq.ine = -2150 V

strain rate 5 lO'x'sec"1

in BE-201 Aeeq = -5660u

Aeeq,ine - -2840 V
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fiEcr = -1.7 u

strain rate 3.8

where negative signs correspond to ttie fact that they go to have

compressive values when the elbow specimen was imposed with a load

which makes the bending angle reduce,

(e) Comparison with material data

Data of BE-101 can be compared easily with the material data using

strain rates as a parameter. Fig. 7-3 (Ref. 14) shows a comparison.

The test data is in good agreement with material data.

In the case of BE-201 comparison is not so easily made. For

Coffin's type evaluation, an environmental parameter k, which must be

considered to be affected by temperatures, is not known at 600"C.

Coftin presented k's values at 650°F and at 816°F for Type 304

auslenitic stainless steel in his paper (Ref. 11) they have the same

value 0.81. So in this case we use 0.81 for k and try to modify cycle

numbers by use of some frequency modification method. Modified data

and original data are plotted in Fig. 7-4 with the reference data (Ref.

14). The modification method used here is such that mentioned below

in the case of BE-201.

The frequency vo of the strain rate 4xL0~3sec~1 in the material

test where an inelastic strain range has the same value 2840 u as in

BE-201 can be known using Fig. 7-6 and Fig. 7-7 that vo= 0.45 sec"1.



Then modified cycle number N* for BE-201 can be calculated by the

equation that

N* = (the actual cycle number in BF.-201) x (-ü-)k-1

vo

where v is the frequency in BE-201. In the case of BE-101 «e can

calculate a modified cycle number in the same manner.

Manson's type of evaluation can be applied to BE-201 test using

the C-P curve in Fig. 7-4. Then a calculated (predicted) life N*

becomes 26,000 cycles that is rather longer than in the actual test

(4600 cycles)

(f) Evaluation of comparison with material data

Comparisons with material data where rather sophisticated

assumptions were applied resulted that

i) Compared data of BE-101 in a tenr. of equivalent total strain

range showed a good agreement with the material data,

ii) Coffin's type evaluation for data of BE-101 and BE-201 using

inelastic strain ranges and modified cycle numbers showed that the

data of structural component test seemed to have rather lower

strength than those of material data,

iii) Hanson's type evaluation tends to show the same as in Coffin's

type.

ii) and iii) are considered to be resulted from the methods used here

to evaluate inelastic strains. As mentioned in 7.1(1), the

assumption that all local strains become zero when the applied load

indicates zero makes us predict relatively smaller inelastic strains,

and in addition, creep equations used here seem to show small creep

strain in the short term region.

They will be cleared up only when constitutive equations of

materials involving load reversals, cyclic strain hardening, etc. have

been clearly obtained. It must be emphasized that the strength of

structural components for creep-fatigue interaction cannot be properly

evaluated without a complete set of constitutive equations of materials.

8. Future Programs.

8.1 Efficiency of Component Tests

Before we describe our future programs, it is preferred to mention

what can he obtained through component tests. It can be said they are

classified in these three items as

i) to investigate the validity of analytical methods and material

constitutive equations through comparison and evaluation of the results

from feasible inelastic analyses with the data from actual component

tests.

ii) to investigate the validity of structural design codes that have an

objective to prevent structural members from all probable categories of

failure through evaluation of the actual failure data in component tests

that are considered to be resulted from many factors,

iii) to develop a method of in-service inspection such as the acoustic

emission method to detect or foretell failures.

Concerning i), it is possible to check the validity of the inelastic analy-

sis methods currently available through comparison with loads, displacements

and strains of the test specimen under various conditions (configurations,

temperatures, load histories, displacement histories and so on). In

addition, more feasible simplified analysis methods may be deduced or be

tried to be applied to the results of the component tests. Moreover under

the conditon that now accurate inelastic analyses cost so high, works to

investigate behaviors of the structural members at elevated temperatures

through a mock-up type of model test seem to be more effective in design

technology or to develop a new simplified calculating method.

Concerning ii), fractures arc considered in general to be caused as a

summarized result of various factors such as material compositions,

temperatures, load histories, environments, initial defects, stress

distributions, etc. It is of course, needed to investigate each parameter

through basic material tests; but also we have to know what are main

parameters or what are main failure modes in the structures under certain

conditions through model component tests.

Concerning iii), we are trying to apply the AE (acoustic emission or

stress wave emission) method to these component tests where model structures

are loaded under similar surroundings to those in the actual plants until

a certain failure occurs. We are surveying various parameters and develop-

ing some new methods that can monitor the soundness of the structures.

When we achieve success in them, then we try to construct a monitoring

system that can predict what will happen on the objective structures in the

near future or that can suggest at least what has happened.

8.2 Future Programs of Component Tests

We have performed three component tests at high temperatures where

creep strain becomes significant. (Probably we will have performed
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additional two until the end of March, 1976). There happened to appear

new problems and we are now thinking over our future programs.

(1) Component tests of elbow specimens

There are such structural components in the primary coolant piping

systems of LMFBR as straight pipes, pipe elbows, reducers, nozzles, etc.

Above all, pipe>elbows seem to be the most important components which is

used mainly for the objective to reduce thermal expansion loadings. Ke

must examine in detail how they behave before we study the whole behaviors

of the piping system.

So we are planning to perform more numbers of tests using elbow

specimens under various conditions and then to compare their results with

those from some inelastic analyses.

Ke are now trying to calculate stress and strain behaviors using the

inelastic analysis computer code, MARC, and some simplified methods such

as proposed by Spence or constructed by ourselves. They are yet on the

stage where only the portion of the elbow can be used neglecting the effects

of the straight pipes and where only monotoric loadings are considered.

We have a plan to calculated involving the effects of the straight pipes

and/or where cyclic loadings are applied.

(2) Component tests of the structures other than elbows.

We are also planning to perform tests of the structural components

other than pipe elbows such as nozzles, reducers and so on. Especially

nozzles have extremely important meanings to evaluate thfc reliability of

the primary coolant piping systems. The tests of nozzle specimens already

conducted at the temperatures below creep regionJ, that is, at room

temperature and at 400°C have shown that the maximum strain occurs at the

outer surface under bending moment loadings but that the highly strained

region is extremely localized to make it difficult to measure the maximum

strain by use of strain gages that have relatively long gage length.

So we are now planning test programs involving how to measure strains.

(3) Basic tests to back up the component tests

Most important and difficult problems to evaluate results in component.

tests are how to measure strains and how to construct a complete sec of

constitutive equations of materials.

We are now conducting calibration tests of high temperature strain gages

and are preparing typical material tests under cyclic loadings at high

temperatures using a high temperature fatigue testing machine.

(4) Development of AfC method

Vigorous attempts are being made to apply AK methods to practical use

at a number of laboratories. Our works are mainly concerned on the

measurement and the jnalysis of the acoustic emission characteristics of

structural members of Type 3O'i austenitic stainless steel under cyclic load-

ings at elevated temperatures. There are two items;one is a practical

application of this nethod to the component tests and the other is

related to a collection of basic AE data of materials from simply shaped

test pieces using a high temperature fatigue festing machine.

For these purposes, a AE nesurement system as in Fig. 8-1 was designed

and now is being constructed.

8.3 Future Programs of Thermal Shock Tests

In the present high temperature structural design codes, (primary +

secondary) stresses are limited very strictly because there cannot be used

easily such a definition "shake down" as in ordinary structural design codes.

Instead of "shake down1, there are limits based on the Bree's theory and

the O'Donnell Porowski's theory. The Bree's theory has an easy form to use

but it seems rather too conservative. On the other hand, the O'Donnell

Prowski's theory has a relatively complicated form to present an upper

bound of accumulated strain under creep-ratcheting. The latter offers more

allowances for structural designers but it has not yet been verified by

experimental results and mey be too restrictive for Type 304 austenitic

stainless steel that shows considerable strain hardening.

For the reasons ncntioned above, we are going to perform creep-

ratcheling tests using High-Trmporature Sodium Piping Component Apparatus.

Almost the same shaped <tpecinu>s as shown in Fig. 3-10 are going to be

used. Basic data will be- obtained by these tests.
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III-5 Static and Cyclic Testing of
a PFR Secondary Circuit Pipe
Bend

SUMMARY

This report describes tests carried out for the United Kingdom Atomic Energy
Authority on specimens fabricated from stainless steel pipes and bends. The
specimens vere full-size replicas of a particular section of the secondary
sodium pipework of the prototype fast reactor (PFR) at Dounreay. The specimens
were tested under out-of-plane bending, simulating the loading experienced in
the reactor under service conditions. The main object of the tests was to
üisterroine the onset of incipient buckling under various conditions of loading
and temperature. Fatigue tests were carried out entirely at elevated temperature
under a strain spectrum simulating the thermal cycling of the pipework In service.
The tests have provided aufficient data to validate the stability and fatigue
strength of the pipework under thermal loading.

INTRODUCTION

The secondary sodium pipework of the prototype Fast Reactor at Dounreay is
constructed from pipe material to AISI Type 321 and is designed to operate at
elevated temperatures (up to 57O°C). High thermal stresses, and consequent thermal
cycling, are set up in the pipework under service conditions and although these
stresses have been calculated to be within the allowable limits as defined in the
ASA Code for Pressure Piping, it vas considered that there was a possibility of
the development of incipient local buckling in the pipework because of the high
diameter to wall thickness ratio. If local buckling did occur each time the pipe-
work underwent a thermal cycle, there would be a danger of low cycle fatigue
failure of the pipework by the development of through-thickness cracks. To
demonstrate that the pipework would perform satisfactorily throughout the entire
service life of the reactor, tests were carried out on full-size specimens of the
pipework.

1. TEST PROGRAMME

Testing was carried out on specimens simulating the most highly stressed region
in the secondary sodium pipework. This region comprised a 90 bend (also known
as an 'elbow') situated between two lengths of straight pipe. Specimens were
tested under out-of-plane bending and a test rig was designed so that specimens
would be subjected to service stress conditions. Figure 1 shows the design of a
specimen.

The proposed test procedure was as follows:

(1) A static test at room temperature on one specimen. The purpose of this test
was to determine the onset of incipient buckling. Incremental displacements
to be applied with a return to zero between each increment to determine the
permanent set once yielding had occurred in the bond. An experimental stress
analysis to be carried out on this specimen.

(2) A static test, comparable to (1), at 57O°C, the reactor operating temperature,
on one specimen to determine the onset of incipient buckling. A comparison
with the results of test (1) to show the effect of the elevated temperature
environment on specimen behaviour.



(3) Fatigue tests on three specimens, all at 570 C. Each specimen to be cycled
between displacement limits simulating the thermal cycling of the pipework
in service. If failure did not occur at the design strain range within
3 x 10* cycles, further cycling to be applied, either at the same strain
range or at hig'.ier strain ranges, with the limitation that the total number
of cycles applied not to exceed one million. In all cases failure is defined
as the development of a through-thickness crack. The three fatigue test
specimens to be internally pressurised, so that the development of through-
thickness cracks can be detected by loss of pressure.

2. DESCRTPTIOK OF SPECIMENS

2.1 The Welding Institute was supplied on a contract loan basis, straight pipe
and 90° bends, identical to those used in the secondary pipework o£ the PFR at
Dounreay. Both pipes and bends were made from material to AISI Type 321 specifi-
cation. Details of dimensions, chemical composition and mechanical properties of
both pipes and bends are given in Table 1. Specimens were fabricated to the design
shown in Fig 1. Prior to making the circumferential bi-r.t welds between pipes and
bends, machining was carried out to achieve » good weld preparation. The circum-
ferential welds were made by the TIG (Tungsten Inert Gas) process. All welds
were radiographed by techniques in accordance with AEA requirements. To be
consistent with reactor practice these welds were not dressed.

So that the requisite loadings could be applied tc the specimens, flanges were
fillet-welded to their extremities, as shown in Fig 1. These fltnges were
fabricated from mild steel plate to BS 1501-161 Grade 28A specification. To
avoid any possibility of failure from these welds during testing, they were made
with large throat-thicknesa and leg length (0.53 in (13.46 mm) and 0.75 in.
(19.05 mn) respectively) and were fully ground. Care was taken to blend the toe
of the weld into the pipe wall to achieve as smooth a profile as possible and so
minimise the stress concentration present locally at the weld toe. These weld3
were made by the manual metal arc process and electrodes compatible with both
stainless and cild steel were selected.

2.2 The degree of mismatch at the circumferential butt welds between the pipes
was meanured using a profile gauge. Mismatch was recorded at eight positions
around the circumferential welds of every specimen. In addition photographs were
taken of the wor6t mismatch present.

The general standard of fabrication of the specimens was'confirmed to be consistent
with the standard achieved on site.

3. DESCRIPTION OF TEST EQUIPMENT

3.1 A test rig was constructed to the design of The Nuclear Power Group, (sponsors
of the work) and the Centrsl Technical Services Section of the United Kingdom
Atomic Energy Authority (technical advisors to TNPG), in consultation with The
Welding Institute. The rig was designed so that the flexibility and out.-of-plane
bending prssent at the critical stressed region of the secondary sodium pipework
at Dounreay could be imposed on specimens during testing. As specimens were
fabricated from full-sire pipes pnd bends, the overall dimensions of a specimen
plus test rig were large. In order to make the most economical use of United
laboratory space, specimens were arranged to stand in a vertical plane in Lhe
test rig. Figure 1 shows the test arrangement diagratnraatically and details the
dimensions of the rig itself. The rig was constructed from heavy steel saccions,
as it had to react specimen deflections without itself deforming. The backbone
of the rig comprised two I-section high tensile steel beams, to which two baseplates
in 1 in. (25.4 mm) thick mild steel to BS 1501-161 Grade 28A were bolted. Additional

cross-members vere bolted to the lower flanges o£ the beams to provide additional 1QT
rigidity and the entire rig was clamped to rails set in the concrete of the labor-
atory floor. Packing was introduced between the baseplates and the laboratory floor
to prevent them from 'panting' during testing. The entire assembly was extremely
sturdy and well braced, with the result that bendin» of the rig and panting of she
baseplates was negligible. This was verified by c-*\ i n^-neasurements of vertical
deflections of the rig with dial gauges, when a sjieciniün had undergone a dlspltce-
ment of 0.25 in. (6.35 ran) along the thrusiCüire of loading.

Specimens were bolted to the baseplate of the rig by means of twelve 1 in (25.4 mm)
diameter bolts. Specimen loading was supplied by a double acting servo-controlled
hydraulic actuator, connected between specimen and rig as shown in Fig 1. These
connections were effected by means of ball-jointfl. The ball-joints permitted the
actuator to follow lateral and vertical displacements of the specimen under test
and thus eliminated unwanted secondary bending effects. The self-weight of the
actuator was only 50 lbs (225 N) and as it was mounted in a vertical plane the
component of its self-weight, acting on the specimen to produce additional bending,
was negligible.

This actuator was hydraulically operated and control was achieved by means of a
Moog 7060 servo-valve, connected in hydraulic circuit. As all tests were to be
controlled on displacement along the thrust line of the actuator, a linear
displacement transducer was fitted to the actuator. This transducer enabled
actuator stroke to be controlled to an accuracy of 0.005 In (0.125 mm). Both
transducer and actuator were calibrated prior to testing. The maximum displace-
ment and load capacities of the actuator were 10 in (254 mra) and 7 tons (70.00 kN)
respectively and the maximum displacement capacity of the transducer was 12 in
(305 mm). Overall control of actuator movement was exercised from a central
console.

It was found that the control equipment as described tended to give instantaneous
actuator response, with consequent 'peaking' of stresses in the specimen. To
eliminate stress peaking', a smooth response was desirable and so the equipment
was modified to give improved control, A ten turn potentiometer was wired into
the 'moan level' amplifier of the console to give infinite resolution of mean
level. The addition of this potentiometer gave infinite control over the displace-
ment of the actuator over a range of 7.60 in (193 mm) of movement. Further
actuator movement couid be obtained by presetting the normal mean level control
of the console. Basic monitor calibration was unaffected.

3.2 So that fatigue testing could be carried out, the control equipment was comple-
mented by Lhe addition of a complex programmer in circuit. This programmer was
preset to generate cyclic displacements of the actuator, as specified by The
Nuclear Power Group. Testing was carried out under a sinusoidal waveform,

3.3 So that actuator load could be monitored during the static testa, a load cell
was constructed and screwed into the ram of the actuator. The load cell comprised
a circular hollow section rod of 0.5 ir.̂  (322.5 mm^) cross-sectional area, to which
four single element resistance strain gauges were attached. The gauges were
connected in full bridge circuit to negate readings due to bending effects. The
load cell was calibrated prior to testing, in a 100 ton (1,000 kN) Baldwin static
testing machine. During testing, applied loads could be deduced from the strain
readings of the load cell, taken on an SR4 static strain recorder.

4. SPECIMEN HEATING

To simulate reactor operating conditions, one static test and all fatigue tests
were carried out at elevated temperature (570 C). As the bend wak the principal



region of interest, heating was confined to this area and the immediately surround-
ing pipe. Heating vas achieved by means of five bands of braided element heaters,
each band containing five elements, which were secured around the circumference of
the bend and pipes. The dimensions of each heating element were 18 in (457 mm)
in length by 7.5 in (190.5 mm) in width by 0.25 in (6.35 mm) in depth. They were
made of nickel-chrome fine gauge stranded wire, core insulated with a twin woven
layer of high temperature resistant silica fibre, and encased in an outer layer
of woven nickel-chrome wire. All heating elements were secured to the specimens
by means of stainless steel securing straps and finally were wrapped in ceramic
fibre insulation.

Each band of five elementB was controlled by a parallel box. Electrical energy was
supplied by five welding transformers. The parallel boxes were preset to maintain
a temperature of 570 C throughout the heated area.

Chromel-Alurael thermocouples were positioned on the specimens and fed back to
temperature recording equipment. With this arrangement it was possible to control
the temperature within the limits 57O°C + 10°C.

5. TESTING PROCEDURE

5.1 Experimental details of Test No 1 - Static test at room temperature

The primary purpose of this test was to determine the onset of incipient buckling
in the bend under successive displacement increments applied to the specimen by
the actuator so that the bend radius was decreased. This was the only test carried
out at room temperature and consequently was suitable for extra measurements to be
made to obtain a thorough knowledge of specimen behaviour under test.

Specimen No 3 was set up in the rig as described in Section 3. The 'droop' cf the
specimen due to its self weight was counteracted by the actuator so that the
straight pipe components of the specimen were at 90 to each other and the bend
wes in an unstressed condition. This specimen position was taken as the test zero.
The specimen was subjected to applied out-of-plane bending by movement of the
actuator through increasing displacement increments to (a) determine the onset of
incipient buckling in the bend and (b) cause failure in the bend by complete
collapse. While elastic behaviour prevailed the specimen was returned to zero
displacement after each displacement increment. After yielding had occurred the
specimen was returned to a value of zero load as opposed to zero displacement to
avoid reverse plastic straining of the bend. At discrete displacement increments
the following measurements were made.

5.1.1 Load applied to achieve displacement

At every displacement increment and return to zero, the load being applied by the
actuator was recorded. After yielding had occurred in the bend, the specimen was
returned to zero load, indicated from the load cell readings. While in the elastic
regime zero actuator load corresponded to zero actuator displacement. Once yielding
occurred in the bend the specimen took on a permanent set. This permanent set vos
measured by returning the specimen to a condition of zero load and noting the
difference between actuator displacement for the zero load condition and the zero
displacement condition.

5.1.2 Ovality measurements across the major and minor axes of ovalling of the bend

It was anticipated that under applied bending the specimen would deform by ovalling
of the bend. It was further expected that maximum and minimum diametral changes
would occur ct the mid-section of the bend. Maximum ovality would occur at the

neutral axis, ie the neutral plane of the bend, and minimum ovality would occur atlDu
90 C to the major axis of ovalling. At discrete displacement increments diametral
changes were measured across the major and minor axes of ovalling at the mid-section
of the bend by means of callipers fitted with a micrometer screw gauge.

5.1.3 Experimental stress analysis of specimen

Two complementary experimental stress analysis techniques were used to determine
the distribution of principal strain (and stress) in the specimen under test
conditions. The specime.i was extensively strain gauged to provide quantitative
strain data and corroborative qualitative evidence was obtained by means of a
brittle lacquer technique.

i Strain gauging Electric resistance strain gauges were attached to the
specimen at the positions shown in Fig 2. As the behaviour of the bend
under test was of predominant interest, the majority of the strain gauges
were concentrated in this area. Gauges were arranged in four longitudinal
arrays on the outside surface of the specimen. Individual arrays were
situated at 90 intervals around the circumference of the specimen and
were numbered from 1 to 4. Arrays 1 and 2 were situated on each side of
the specimen along the neutral axes, array 3 was situated on the inside
radius of the bend, and array 4 on the outside radius. Individual gauges
within each array were numbered 1 to 9. Thus gauge 1/5 refers to gauge
number 5 in array number 1, situated at the mid-section of the bend.

All gauges shown in Fig 2 were of the 45 foil rosette type. Rosette
gauges enable both the magnitude and directions of principal stresses to
be calculated vhen the latter is not apparent from geometry considerations.
It was known that strains of greater magnitude than yield would be generated
in the bend during testing and so post yield rosette type gauges were used
for strain measurement on the bend. The limiting strain or allowable
percentage elongation of a strain gauge is a function of the properties of
the foil material, carrier base and adhesive used. Standard strain gauges
can normally measure strains of up to two or three per cent, whereas post
yield gauges can withstand extremely large elongations without creeping or
cracking and are capable of measuring 10 to 20 per cent strain with accuracy.
These gaugss were bonded with cyano-acrylate (CH) adhesive.

At every displacement increment strains were measured and recorded by means
of a 50 channel Modulog Data Logger used in conjunction with a twin channel
plug board. This arrangement gave the system a capacity for measuring and
recording the strains from 100 individual gauge elements. The strains were
automatically printed on paper tape, and the principal strain distribution
for each rosette was subsequently calculated by computer.

Prior to testing, the specimen was briefly cycled within the elastic regime
(actuator displacement zero to 1.50 in (38.1 mm)) to 'settle' the gauges
to eliminate drift.

ii Brittle lacquer technique Because of the complex deformation behaviour
expected to occur in the bend under test, it would have been desirable to
mure fully strain gauge the specimen. However this was not possible due
to the limitations of the capacity of the strain measuring equipment. Thus
large surface areas of the bend between strain gauge arrays were free from
gauges and consequently no knowledge of the strain distribution in these
areas would be obtained.

It was decided to use the brittle lacquer technique to obtain qualitative
information regarding strain distribution in these areas. Under the



influence of principal strains of sufficient magnitude, brittle lacquer will
crack and so indicate the approximate magnitude and the diiection of
principal strains. It was realised that the brittle lacquer would also
provide evidence as to the accuracy of the strain gauge analysis.

5.1.4 Measurement of overall specimen movement during testing

During testing the specimen was monitored for overall movements through spsce by
measuring the bending, deflections and angular displacement suffered by the
individual specimen components.

The vertical pipe component and the bend itself were monitored for deflections in
the lateral plane by means of dial gauges. The dial gauges themselves were mounted
on a rigid frame which was separate from the test rig. Dial gauge readings were
taken at discrete intervals up to a maximum value of 7.50 in (190.5 mm) actuator
displacement, when the specimen deflection exceeded the maximum travel of the gauges.

The horizontal pipe component was monitored for loss of height and lateral
deflection during testing by a system of plumb-bobs.

Measurements of height and lateral deflection were made with the plunb-bob system
at discrete displacement increments up to a maximum of 5 in (127 mm) actuator
displacement. At larger actuator displacements the decrease in specimen height
uas so large that the plumb-bobs could no longer be used.

Under out-of-plane bending the specimen was subjected to combined bending and
twisting moments (torque). In order to determine angular displacement of the top
pipe component of the specimen under the action of the twisting moment, torque
gauges were cemented to the specimen. Strain readings were obtained from the
torque gauges at discrete displacement increments up to a maximum actuator displace-
ment of 9 in (229 mm). From the strain readings obtained it was possible to
calculate the angular displacement of the top pipe component of the specimen.

Figure 3a shows the end view of the specimen and ancillary equipment before testing
was commenced. Figure 3b shows a similar view taken during testing of the specimen
at the maximum limit of actuator travel. The degree of bending undergone by tha
specimen can be seen by a close examination of these figures.

5.2 Experimental details of Test No 2 - Static te3t at elevated temperature

The objectives of this test were to determine the onset of incipient buckling in
the bend under conditions of elevated temperature and, if possible, to cause
failure in the bend by complete collapse. Specimen No 2 was set up in the test
rig as described in Section 3. Braided heating elements were attached to the
specimen in the manner described in Section 4 and the specimen was heated so that
a temperature of 570 C (+ 10 C) was maintained in the bend. Specimen 'droop' due
to self weight was again counteracted by the actuator so that the bend was not
prestressed and this position was taken as test zero. As for Test No 1, successive
displacement increments were applied to the specimen by the actuator so that the
bend radius was decreased. After each displacement increment the specimen was
returned to zero actuator displacement while it was operating within the elastic
regime. Once yielding had occurred in the bend the specimen was returned to zero
actuator load as described in Section 5.1.

Figure 4 shows the specimen in the rig prior to testing. The arrangement of the
heating elements on the specimen can be clearly seen. Testing at elevated temper-
ature ruled out taking many of the extra measurements made in Test No 1. In
particular it was not possible to strain gauge the specimen. However the following
measurements were tnade during the test.

5.2.1 Load applied to achieve displacement 1Q

A similar procedure to thnt described in Section 5.1.1 was followed.

5.2.2 Ovality measurements across the major and minor axes of ovalling of the bend

At discrete displacement increments ovality rasasurementa were taken across the
mid-section of tha bend, in the manner described in Section 5.1.2. Because the
bend was entirely wrapped in heating elements nnd insulstion, calliper ire/isure-
ment could not be made directly from the specimen surface. To overconie this
problem depth gauges were rigidly positioned through the insulation on to the
specimen surface and calliper measurements were made from theae depth gauges.

5.2.3 Height measurement

Due to access difficulties caused by the presence of the braided element heaters,
it was not possible to monitor overall specimen movements. One nwasureaent for
decrease in height during testing was made with a plumb-bob 3ituacod at the
extreme end of the specimen.

5.3 Experimental details of Test Ho 3 - Fatigue te3t at elevated tnmperature

The object of this test wan to cycle the specimen between displacement
simulating the thermal cycling of the pipework in service ami to show that fdilurft
would not occur at thfl design strain range within 3 x 10^ cycle«.

Specimen No 1 was set up in the teat rig as described in Section 3. Braldßd hearing
elements vere attached to the specimen in the manner described in Section 4 and the
specimen v?ao heated so that a temperature of 570 C (+ 10 C) was maintained in the
bend. Specimen 'droop' due to self weight was counteracted by the actuator oo that
the bend w?s not prestreased. This position was taken as teat zero. In thio and
the subsequent fatigue tests the criterion of failure was taken to be the develop-
ment of a through (wall) thickness crack. Due to the presence of the heating
ele.re.its the specimen could not be visually examined for cracking whils ths tent
was in progress and so a pressurisatlon technique was used to terminate the test
wher. through-thickness cracking occurred. The specimen was internally pressurised
with air ro a pressure of 50 lb/in^ (344.7 kN/ra^), Through-thickness cracking
would co;respond to 9 decrease in pressure by escape of the pressurising g«a. The
control tquipner.t was modi-Eied so that a pressure drop of 10 lb/in^ (69 kN/m^)
would trip a inicroBvitch'ünd terminate the test.

The specir-u,-, was cycled between displacement limits specified by TWPG/AEA to
siiaulate s''vvice conditions. The control equipment was programmed to subject
the speciffie.! to a block of 15 cycles over an actuator displacement range of 3.94 in
(100.1 Em) to 2.43 in (61.7 mm) and 1 cycle over a displacement range of 3.94 in
(100.1 rom) to 1.40 in (35.6 mm). This block sequence of cycling was continued
throughout the test. The displacement versus cycles spectrum is shown graphically
in Fig 5.

5.4 Experimental dstalla of Testo No 4 and 5 - Fatigue tests at elevated temperature

Originally it va3 intended to repeat the conditions of the fatigue tent (Ho 3)
described in Section 5.3, on the remaining two specimens to provide confirmatory
data. However, following the completion of test Ho 3, it was decided to subject
the specimens to a more severe fatigue test by increasing the cyclic displacement
ranges. The objectives of these tests and the test procedures were sircilar to
those described in 5.3.

Specimens 4 and 5 were both subjected to the programmed displacement sequences
shown graphically in Fig 6. Sequence A corresponded to the displacement ranges of



tesc No 3, the simulated service conditions of the pipework. Both specimens vere
cycled under the conditions of sequence A for a minimum of 3 x 10 cycles. To
make the tests more severe the specimens vere subsequently cycled under the
conditions of sequences B and C. Sequence B corresponded to tvice the displacement
limits and ranges of sequence A. Again specimens were cycled under sequence B for
a minimum of 3 x 10^ cycles. Finally specimens were cycled to failure under the
conditions of sequence C. This latter sequence corresponded to three times the
displacement ranges of sequence A. The maximum displacement limit of sequence C
was 10 in, which corresponded to the maximum possible actuator travel.
6. TEST RESULTS

6.1 Results of Test No 1 - Static test at room temperature

Specimen No 3 was pulled down through increasing displacement increments to a
maximum actuator displacement of 23 in (584 mm). This displacement was achieved
by twice shortening the effective length of the actuator arm.) The specimen did
not collapse by buckling. Visual examination after completion of the test revealed
that extensive deformation by ovallisation had occurred at the mid-section of the
bend. Local plate buckling had taken place to a small extent on the inside radius
of the bend.

6.1.1 Results of strain gauge analysis

At every displacement increment to which the specimen was subjected, strains were
measured and recorded in the manner described in Section 5.1.3. Magnitudes and
directions of principal strains for individual gauge rosettes were computed from
the respective three element strains. Although strain rer.dings were obtained for
actuator displacements in excess of 12.00 in (305 mm), failure of the bonding
cement on some gauges under the influence of high strains precluded the possibility
of obtaining realistic strain distributions. For this reason principal strains
were computed up to a maximum actuator displacement of 12.00 in only. Magnitudes
and directions of principal stresses were also calculated for specimen behaviour
within the elastic regime.

6.2 Results of Test No 2 - Static test at elevated temperature

Specimen No 2 was pulled down through increasing displacement increments to a
maximum actuator displacement of 20.6 in (523 mm). The specimen did not collapse
by buckling. As for the test at room temperature, a post-test visual examination
revealed that extensive deformation by ovallisation had occurred at the mid-section
of the bend. Localised plate buckling was visible on the inside radius of tha bend.

6.3 Results of Test No 3 - Fatigue test at elevated temperature

Specimen No 1 cycled between displacement limits simulating the thermal cycling
of the pipework in service. The sequence of cycling has been depicted graphically
in Fig 19. The object of the test was to demonstrate that failure would not occur
within 3 x 10^ cycles while the specimen was cycling under design conditions.
This specimen successfully withstood 3 x lcA cycles without failing and cycling
was continued with the aim of obtaining failure and hence a fatigue life for the
specimen under design conditions. Due to considerations of time, the specimen was
eventually removed Irom test after having undergone 154 203 cycles with no cracking
being detected. This result is summarised in Table 2.

6.4 Results of Test No 4 and 5 - Fatigue tests at elevated temperature

The sequence of cycling used in tests 4 and 5 has been depicted graphically in
Fig 6. This sequence constituted a more severe fatigue test than that used in
test No 3.

6.4.1 Specimen No 4 was continuously cycled until failure occurred. Derails of
this test are summarised in Table 3. The specimen failed after a total of 201
665 cycles over all displacement ranges. Failure was detected by loss of Internal
pressure. Through-thickness cracks developed along the neutral, axes of the bend
at the position of maxtjium ovality. The longest crack (2.80 in (71 mm) in length)
developed at the mid-section of the bend on the side opposite to the actuator.
The experimental stress analysis showed that this was the position at which the
highest magnitude maximum principal strain was developed. This maximum principal
strain acted transverse to the specimen neutral axis. The position of this cr/rck
in relation to the bend can clearly be seen in Fig 7 and a close-up view of the
same crack is given in Fig 8. It should be noted that to simplify photography
of this and other cracks, the bend surface adjacent to the crack was cleaned by
light grinding and the position of the crack itself highlighted by the use of dye
penetrant.

Multiple cracking developed along the neutral axis of the bend on the side adjacent
to the actuator. The positions of these cracks in relation to the bend can be seen
in Fig 9 and close-up viaws are shown in Fig 10, 11. The experimental stress
analysis also showed that high magnitude maximum principal strains, acting trans-
verse to the neutral axis, were generated in this region of the bend.

6.4.2 Specimen No 5 was continuously cycled until failure occurred. Details of
this test are summarised in Table 4. The specimen failed after a total of 226 944
cycles over all displacement ranges. Failure was detected by loss of Internal
pressure. As for test No 4, through-thickness cracks developed along the neutral
axes of the bend at the position of maximum ovality. The longest crack, 11.60 in
(295 mm) in length, developed at the mid-section of the bend on the side opposite
to the actuator. A detailed view of this crack is shown in Fig 12. Cracking also
took place along the neutral axis of the bend on the side adjacent to the actuator.
The position of this crack in relation to the bend can be seen in Fig 13 and a
detailed view is shown in Fig 14. This crack was 5.20 in (133 mm) in length.

7. DISCUSSION OF TEST RESULTS

The maximum displacement of the pipework in service corresponds to 3,94 in (100,08 ma)
of actuator displacement. Under both room temperature and elevated temperature
conditions (Tests 1 and 2 respectively) specimens were subjected to 23 in (584 mm)
and 20.6 in (523 mm) of actuator displacement without failure by overall buckling
occurring in either case. Fatigue failure in the bends was only obtained by
eventually subjecting the specimens to three times the service displacement range.
Even under such severe conditions the specimens underwent 6.2/3 times as many cycles
as required by the codes.

Under the conditions of Test No 1 it was found that yielding in the bend took place
at an actuator displacement of 2.50 in (63.5 mm). The mechanical properties of the
bend material listed in Table 1 define a minimum 0.27. proof stress as 13.4 tons/in2

(210 n/mm2). Local yielding first took place at the mid-section of the bend on the
neutral axes, where the maximum principal stress was greater in magnitude than the
0.27. proof stress of the material. Under the conditions of Test No 2, yielding in
the bend again occurred at a displacement of 2.50 in (63.5 mm), but the load applied
was lower than that required in Test No 1 (approximately 0,875 tons (8.75 kN) as
opposed to 1.15 tons (11.5 kN)). This is to be expected as an elevated temperature
environment, as in Test No 2, lowers the yield stress of a material compared with
its magnitude at room temperature.

The tests conclusively proved that the bend would deform by ovalling and visual
examination confirmed that maximum ovality, or diameter increase, occurred at
the mid-section of the bend across the neutral axes. Conversely, minimum ovality,
or diameter decrease, also occurred at the bend mid-section at right angles to the



major axis of ovalling. The analysis of strains, carried out for Test No 1, showed
that highest magnitude maximum principal strains were developed at the bend mid-
section at the positions of maximum ovality. These strains acted circumferentially.
or transverse to the neutral axes. It was anticipated that these strains would
cause eventual failure in the bend by the growth of fatigue cracks along the
neutral axes, vhich -would initiate at the mid-section. The fatigue failures
obtained in Tests 4 and 5 demonstrated that this was the case. Thus it is
considered that the strain developed across the neutral axes at the bend mid-
section should be considered the dominant parameter controlling the integrity
of the pipework component.

At the commencement of the investigation, it had been assumed that local plate
buckling on the inside radius of the bend could possibly initiate fatigue cracking.
Although such buckling did occur, it played no part in the eventual fatigue failure
of the bends. Post-failure examination of the bends did not reveal any indication
of cracking having taken place on the inside radius. The strain gauge analysis
showed that element strains on the inside radius were predominantly compressive
and principal strains were considerably less in magnitude than those developed
across the neutral axes.

Harkl tested welding elbows under bending in the plane of curvature and found that
in every case failure started at the direct centre of the sidewall and progressed
longitudinally towards both ends of the bend with perfect regularity. In some
specimens he found that cracks appeared simultaneously on both sides. The
behaviour noted by Markl has been paralleled in this investigation although in this
case the applied bending moments were slightly out-of-plane. It is suggested that
it would be a reasonable approximation to treat the mode of loading in this
investigation as in-plane bending. The results obtained from this investigation
agree well with existing theory, originally proposed by Hovgaard (2), if the above
assumption is made. For bending.in the plane of curvature, theory predicts failure
by the development of longitudinal cracks located along the neutral axes of the
bend, at the predicted position of maximum transverse stress.
CONCLUSIONS

1. The tests have provided sufficient data to validate the stability and fatigue
strength of the pipework under thezmal loadings.

2. Under load the bend deformed by ovallisation, with maximum ovality occurring
at the bend mid-section.

3. Although localised plate buckling did occur on the inside radii of the bends
of the specimens under test, this buckling played no part in the eventual
fatigue failure of the bends.

4. Highest magnitude principal strains were developed at the mid-section of the
bend and acted transverse to the neutral axes of the bend. These strains were
active in causing fatigue crack growth and must be considered as the dominant
parameters regarding the in-service integrity of the pipework.

Fatigue failure in the form of through-thickness cracks occurred along the
neutral axes of the bends.

5.
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T A B L E 1 Dimension.-;, chemical composition ami mechanical properties of

pipes and bonds

Dimensions

1. Pipes: Outside diameter

Wall thickness

2. Bends: Outside diameter
Wall thickness (nominal)
Wall Llm'kness {minimum)
Ben'l radius nlon;; conl re-line
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11. Oins (356mm)
0. lssins (1. 8mm)

11. lins (35Umm)
0. Dläins (8mm)
0.2321ns (fi. 1mm)
•12.0 Io. 20ins (1007

Chemical composition (for pipes ami hauls)

Material: Stainless steel to BS 3G(>5 - s.12 TI. or AISI Type .121 specification.

max.

K

C

0.

Icmenl

.07

weij

Si

o. 7:

;ht

•

Mn

1. (in

P

0. 0 .1-1

s

0. 019

Cr

17. 1

Ni

10. 4

Ti

0. 73

min. (I. 0G (I. (il) 1.30 0.023 0. 010 17.0 10.1 0, D2

Mechanical |u'operties

All proporliVs listed are room temperature properties.

(1.2'•' proof stress UTS r,'n elongation

ions/in" N / m m - tons/in" N /mm- (25.4mm)

Maximum 19. 03

Minimum 14. DO

294

21«

10. 00 CIS GC>

Specification
minimum

I::. 10 207 32.1)«

TABLE .2 Details of

Displacement range

in mm

Test No. 3.

Number of
cycles per
placement

dis-
range

Total number
of cycles
endured

Comments

I!. 94

:!. 94

to

to

2

1.

43

40

100. OS to Gl.

100. OS to 3.r>.

FaiifAttc tcsl at ,ri70°
Displacement ranse simulated

72

Mi

des i

15

1

jjn condition:; of pipework.

Specimen did not
fall, Removed
from tost

J



TABLE 3 Details of. Test

Displacement range

in mm

No. 4.

Number of
cycles per
placement

dis-
range

Number
cycles
endured

of
Comments

3. 94 to 2. 43 100. 0« to 61. T2 15
78 464

B

C

3.94 to 1.40

7. 83 to 4. 86

7 bfl to 2. 80

10. 00 to 5.47

10.00 to 2. .13

100.

200.

200.

254.

204.

03 to 35. 56

15 to 123.44

15 to 71. 12

0 to 13S. !)4

0 to fiO -13

1

15

1

15

1

088

513

Specimen failed.
Total number of
cycles over all
displacement
ranges 201 665.

fatigue tost at 570°C

Displacement range A simulated design conditions of pipework.

Displacement range B simulated design conditions x 2.

Displacement range C simulated design conditions x 3.

TABLE 4. Details of Test No. 5

Displacement range

in.

Number of
cycles per
displacement
range

Number of
cycles Comments
endured

3.94 to 2.43 100. 03 to 61.72 15

82 880

:s.
7 .

7 .

10.

10.

91

SR

S3

00

00

to

to

to

to

to

1.

1.

0 .

5.

2.

10

SO

80

47

38

100.

200.

200.

254.

254.

OS

15

15

0

0

to

to

to

to

to

3 5 .

123.

7 1 .

138.

no.

GO

44

12

04

45

1

15

1

15

1

-10

103

728

336

Specimen
failed. Total
number of
cycles over all
displacement
ranges
220 944

1'atigue test at 570oC. Displacement ranges as for Test No.4.
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Hi? mm I

Firj.X. OlJgrJn. with diinamtons. 0/ ;:/i«c/r:ioo positioned in toil rig.

3B0in.(9nmm)
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POIO7-7

All gauges «ere 45* rosettes. In all
cases gauge element A lay parallel
to specimen longitadinal axis

Longitudinal axis

Longitudinal axis

g. 2 . Side elevations ol specimen showing gauge plan and numbering systom.
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Fig 3. End vie« of specimen: a) Before testing commenced; b) during testing Fig I*. Specimen No 2 in test rig
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Fig. 6 Applied actuator tlltpLinmen) against eyefas tor tests A ami S.

Fig. 7 Position of longest crack in specimen No 4 (test No 4) Fig. 8 Detail of long crack in specimen No 4 (teat No 4)
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Fig 9

Multiple cracking in specimen No 4 (test No 4)

Fig 10.

Detail of multiple cracking in specimen
No 4 (test No 4)

Fig 11.

Detail of multiple cracking in specimen
No 4 (test No 4)
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Fig 12. Fig 13. Fig M .

Detail of long crack in specimen No 5 (test No 5) Cracking in specimen No 5 (test No 5) Detail view of cracking In specimen Ho 5 (te«t No 5)



III-6 An Assessment of the Validity
of Inelastic Design Analysis
Methods by Comparisons of
Predictions with Test Results*
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ABSTRACT

The use of computer programs that employ relatively complex
constitutive theories and analysis procedures to perform inelas-
tic design calculations on fast reactor system components intro-
duces questions, of validation and acceptance of the analysis re-
sults. We may ask ourselves, "How valid are the answers?" These
questions, in turn, involve the concepts of verification of com-
puter programs as well as qualification of the computer programs
and of the underlying constitutive theories and analysis proce-
dures. This paper addresses the latter - the qualification of
the analysis methods for inelastic design calculations. Some of
the work underway in the United States to provide the necessary
information to evaluate inelastic analysis methods and computer
programs is described, and typical comparisons of analysis pre-
dictions with inelastic structural test results are presented.
It is emphasized throughout that rather than asking ourselves how
valid, or correct, are the analytical predictions, we might more
properly question whether or not the combination of the predic-
tions and the associated high-temperot-ure design criteria leads
to an acceptable level of structural integrity. It is believed
that in this context the analysis predictions are generally
valid, even though exact correlations between predictions and
actual behavior are not obtained and cannot be expected. Final
judgment, however, must be reserved for the design analyst in
each specific case.

1. INTRODUCTION

Previous Oak Ridge National Laboratory (ORNL) papers1>2 have described

activities and materials response characteristics that led to currently

recommended U.S. guidelines for performing detailed inelastic design anal-

yses. These guidelines are given in both RDT Standard P9-5T (Guidelines

and Procedures for Design of Nuclear System Components at Elevated Tempera-

ture) and Ref. 3 for types 30U and 3I6 stainless steel. Similar guidelines

are given in Ref. It for 2 l/k Cr-1 Mo steel.

This paper describes some of the activities that are underway to ex-

perimentally assess both the validity and the shortcomings of the current

inelastic analysis guidelines (constitutive equations), and it presents a

•Research sponsored by the U.S. Knergy Research and Development Ad-
ministration under contract with the Union Carbide Corporation.

number of comparisons of predicted behavior, based on the current guide-

lines, with results from high-temperature inelastic structural tests.

These comparisons, which are for relatively simple structures made of type

301+ stainless steel, illustrate -rr. general level of agreement that might

be expected, and the reader can form his own conclusions regarding the

accuracy of the inelastic analysis predictions.

Questions of validation and acceptance of inelastic design analysis

results involve the concepts of verification and qualification. Verifica-

tion is a demonstration that a computer program does what it is supposed to

do, regardless of whether or not the model programmed is a valid represen-

tation of any particular realistic system. Qualification, on the other

hand, is concerned with the use of a computer program to solve the real

problems encountered in design. That is, does the combination of mathe-

matical model, constitutive equations, material properties, geometric dis-

cretization, representation of the mechanical and thermal loading histories,

and boundary conditions, all consistent with the program limitations, give

an acceptable solution to the physical problem?

Verification and qualification of inelastic analysis computer programs

can best be carried out by benchmark calculations; that is, by solving a

small number of carefully chosen problems with known solutions. Verifica-

tion can be by comparison with relatively simple, but carefully chosen,

analytical solutions, and exact correlations can be expected. Qualifica-

tion, including an assessment of the underlying constitutive theories and

analysis procedures, must, on the other hand, be by comparison with experi-

mental data, and, in the inelastic case, exact correlations cannot be ex-

pected.

Recognizing, in I969, the need for experimental benchmark problem

data, particularly at elevated temperatures, the U.S. Atomic Energy Com-

mission (now ERDA) initiated, as a part of the ORNL High-Temperature

Structural Design Program, plans for a series of inelastic structural

tests on a variety of structural geometries ranging from the simple to

the complex. Many of these tests have now been carried out, and the re-

sults are available for benchmark calculations and for assessing the va-

lidity, or accuracy, of inelastic analysis predictions. A wide variety

of representative inelastic structural test results from these series of

tests has been published by the American Society of Mechanical Engineers

(ASME) in Ref. 5.

In addition to tests performed under the ORNL program, additional

high-temperature inelastic structural tests, on both basic specimens and
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component-type structures, are being carried out under a companion West-

inghouse Advanced Reactors Division program to validate high-temperature

design methods. In addition to these inelastic test results, the ASME

published an earlier verification and qualification booklet in I972 (Ref.

6) which contains benchmark problem solutions.

A sizable body of test data thus exists for use in qualifying a com-

puter program and for assessing analysis methods. Unfortunately, however,

the correlation of analytical predictions with experimental results for

inelastic problems is not straightforward. Inelastic material behavior,

as seen in Refs. 1 and 2, is a highly complex phenomenon consisting of

processes and interactions that defy complete understanding and exact de-

scription. There can be considerable variations in behavior from heat to

heat of material and even from specimen -to specimen. Current constitutive

equations are only first approximations. Finally, accurate high-tempera-

ture structural test data are difficult to obtain. What, then, is an

"acceptable" correlation of analytical and experimental data that will

qualify an inelastic analysis computer program? Hopefully, the informa-

tion provided in this paper will help answer both this question and the

more basic one, "Are current inelastic analysis predictions valid?"

In the following section some of the inelastic structural tests that

have been, or are being, performed to provide experimental benchmark prob-

lem data Eire described. Representative comparisons of inelastic analysis

predictions with inelactic test results ere then presented in the next

section. The analyses employed consistent procedures and constitutive

equations, and the material behavior data presented in the Appendix were

used in every case. A third section briefly addresses the effects that

material variability can have on inelastic analysis predictions. The fi-

nal section contains conclusions. Bather than questioning the accuracy

of inelastic analysis predictions, it is concluded that we should ask the

question, "Does the combination of the analysis predictions and the associ-

ated high-temperature structural design criteria lead to an acceptable

level of structural integrity?" It is believed that in this context the

analysis predictions are generally valid, even though exact correlations

between predictions and actual behavior are not obtained and cannot be

expected.

2. STRUCTURAL TESTS FOR PROVIDING EXPERBffiNTAL
BENCHMARK PROBLEM DATA

The purpose of this section is to briefly review some of the types

of inelastic structural tests which have been, or are being, performed

under the ORNL High-Temperature Structural Design Program. These struc-

tural tests range from the simple to the complex, and they involve both

cyclic loadings and long-term loadings under creep conditions. The de-

tails of, and results from, many of thP'-e tests are reported in Ref. 5-

The most fundamental testing being performed is on simply-supported

beam specimens. Figure 1 gives the dimensions of these center-loaded

specimens and shows one of the specimens mounted in a special beam test

facility with the oven partially assembled. These beams are subjected to

cyclic and time-dependent center loads or center deflections, and load,

lateral deflections, strains, and temperatures are measured during the

tests. Twelve beams made of type 30U stainless steel have been tested to

date.

Although beams exemplify many of the structural behavior features of

more prototypic structures, the stress and strain distributions in a beam

are, for the most part, essentially uniaxlal. Simply-supported, circular

plates, on the other hand, while retaining many of the simple features of

a beam, involve multiaxial states of stress and strain. Thus, center-

loaded circular plates are being tested as the next step above beams, and

Fig. 2 depicts the specimen details and shows one of the plate specimens

mounted in a special plate test facility with the oven partially assembled.

Simple support conditions are obtained by supporting the plate, top and

bottom, by a circle of ball bearings which can be partially seen in Fig.

2b. Test conditions and instrumentation for the plates are similar to

those used for beams. Six type 30l* stainless steel plates hav2 been tested

to date.

Figure 3 dspicts a thin circular cylindrical shell with a flat head

'•hich has been instrumented with strain gagas and thermocouples prior to

being subjected to a time-varying internal pressure at a temperature of

593°C (1100°F). This simple shell model introduces the basic features of

shell behavior into the structural test series. One of these specimens

has been tested, and a second is planned.

Figure k shows a type 30U stainless steel plate of finite width with

a circular hole at the center. Two such plates have been tested by Pro-

fessor A. J. Durelli at the Catholic University of America under an ORNL

subcontract. The test temperature in both cases was 593°C (1100°F), and

the strain distributions in the plates wer'e measured using the moire strain

analysis method.7 The test durations were 850 hr in both cases, and again

the specimens were subjected to cyclic and time-varying loadings, which ir;

this case were applied in the axial direction.
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(a) Specimen

' . 1 ' ; 1 '

(a) Specimen

(t) Photo of specimen in tes t faci l i ty

Fig. 1. Elevated-temperature, simply-supported beam tes t specimen
in par t ia l ly assembled tes t faci l i ty oven. [in. x 25.lt = mm]

(t>) Photo of specimen in tes t faci l i ty

Fig. 2. Elevated-temperature, simply-supported circular plate speci-
men in par t ia l ly assembled tes t fac i l i ty oven. [in. x 25.1» = mm]



0144 THICK PLATE

DIMENSIONS IN INCHES

(a) Specimen

BOEING HIGH-TEMPERATURE
CAPACITIVE STRAIN GAGES

ORNL-DWG 76-6518
211

Fig. 3. Photograph of instrumented capped circular-cylindrical shell
model ready for testing Tinder internal pressure at 593°C (1100°F).

PHOTO 21W-73

Fig. h. Photograph of flat-plate model with a circular hole. See
Fig. 12 for specimen dimensions.

(b) Photo of instrumented specimen

Fig. 5. Elevated-temperature shear-lag test specimen, [in. x 25.4 = mi]
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(a) Test piece assembly

Figure 5 depicts a type 3(A stainless steel shear-lag specimen which

has been instrumented with Boeing high-temperature capacitive strain gages.

This specimen was subjected to a 950-hr axial load history at a test tem-

perature of 5930C (1100°F). The test was performed at the Boeing Aero-

space Co., under subcontract to ORHL.

Figure 6 depicts a pipe thermal ratchetting test assembly with a. type

30lt stainless steel test section. Two such assemblies, which were instru-

mented with high-temperature strain gages and thermocouples, were tested

at ORNL in a special thermal transient test facility using sodium. The

specimens were subjected to repeated thermal downshocks of the sodium tem-

perature separated by sustained periods under internal pressure at 593°C

(11OO°F}. Since many of the structural design problems requiring inelastic

analysis in high-temperature, liquid-metal-cooled reactor system compo-

nents result from the frequent thermal transients that can occur, results

from these tests are particularly pertinent as benchmark problems.
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PHOTO U52O-75

(b) Photo of instrumented t e s t piece assembly in oven

Fig. 6. Pipe thermal ra tchet t ing t e s t piece assembly (TTT-2).
[ i n . x 25.1+ = mm] Fig. 7. Photograph of nozzle-to-spherical she l l model.



Nozzle attachments are frequently occurring configurations in LMFBR

components. Consequently, nozzle-to-spherical shell and nozzle-to-cylin-

drical shell tests are planned in which the specimens will be subjected to

internal pressure and to time-varying cyclic loadings applied to the noz-

zles. Figure 7 shows one such test specimen made of type 30^ stainless

steel. The first nozzle-to-spherical shell test will be initiated this

year.

Figure 8 shows one of two elevated-temperature tests of a thin-walled

elbow-pipe assembly performed at Battelle-Columbus Laboratories under ORHL

subcontract. Since elbows are critical components in elevated-temperature

piping, these results should be useful to the piping analyst.

In summary, approximately 25 inelastic structural tests have been

completed in the ORNL test program to date. All of the specimens in these

initial test series were made of type 30^ stainless steel, and, with the

exception of one of the flat-plate specimens tested at Catholic University,

all of the specimens were machined from a single heat (9T2796) of material.

HiiXL'O 4059-75-

A companion mechanical properties tes t effort was conducted to characxerize

t-he material and to provide the mechanical properties data required as

input for inelast ic benchmark calculations.
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3. REPRESENTATIVE COMPARISONS OF PREDICTIONS
WITH TEST RESULTS

Fig. 8. Photograph of insulated elb
to an in-plane moment loading at 593°C (X.

tw-pipe assembly being subjected
<-00°F).

A few typical comparisons of inelastic predictions with structural

test results are presented in this section. In every case the inelastic

analysis predictions were based on the procedures recommended for inelas-

tic design analyses in R M Standard F9-5T and in Ref. 3. Two ORIIL finite-

element inelastic computer programs (CREEF-PLAST II and PIACRE) were used.

Both programs employ simple two-dimensional triangular elements. In all

cases the cyclic stress-strain and creep data given in the Appendix for

type 30I+ stainless steel (heat 9T2796) were used.

Figure 9 shows the measured and predicted load vs strain response of

a point on a beam that was subjected to ten short-time loading cycles

between ±8896 II (±2000 lb) at 593°C (1100°F). It can be seen that the

load-strain behavior on initial loading was predicted well by the analy-

sis, and qualitatively the entire cyclic behavior was reasonably well pre-

dicted. However, careful examination indicates that the analysis pre-

dicted more cyclic hardening than was measured. Thus, how accurate are

the analytical predictions?

As an aside, it is worth pointing out that the measured results shown

in Fig. 9a are from two weldable resistance strain gages (Ailtech model

SG U25). The excellent agreement between the two gages typifies the short-

time results that can be obtained with these gages at 593°C (1100°F).

Unfortunately, unpredictable drift renders long-time measurements less

consistent and reliable.

Figures 10 and 11 show the measured and predicted behavior of a cir-

cular plate that was subjected to a fixed center deflection of 2.79 n™

(0.11 in.) for Ikh hr and then to a center deflection of -2.79 n™ for

another Ikk hr. The test temperature was again 593°C (1100°F). A test,

such as this, in which deflection is controlled is more representative

of actual design situations, since critical loadings are generally ther-

mally induced. Here, in Figs. 10 and 11,. the agreement between measured

and predicted behavior is good.

Figure 12 shows measured and predicted residual strain distributions

in one of the plates tested at Catholic University. In this test the

plate was initially subjected to an axial tensile load of 160,000 N (36,000
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Fig. 9- Comparison of measured and predicted strain response of point
on surface [38.1 mm (1 1/2 in.) from center] of type 30U stainless steel
beam subjected to cyclic loading at 593°C (110CTF). Beam was simply sup-
ported and subjected to a center load cycled between -8896 H (±2000 lb)
with a period of 2 min. The two strain gages from which results are shown
were symmetrically located on either side of the center of the beam on the
bottom surface (see Fig. la), [lb x k.kUQ = N]
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- 006 -004 0 004
CENTER DEFLECTION t * (

006 012

Fig. 10. Comparison of measured and predicted behavior of type 30U
stainless steel circular plate tested at 593"C (1100°F). The response
from 2 to 3 represents the initial loading to a center deflection of 0.11
in.; from 3 to 1+ represents the load relaxation in Ikk hr; h to 5 repre-
sents reversed loading to a center deflection of —0.11 in.; finally, 5 to
6 again represents relaxation in Ihh hr and 6 to 7 represents a return of
the center deflection to zero, [lb X h.kh8 = N, in. x 25.h = mm]
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Fig. 11. Comparison of measured and predicted load relaxation behav-
ior of circular plate during two lMt-hr relaxation periods -{see Fig. 10).
lib X U.¥t8 = N]
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Fig. 12. Measured (moire method) and predicted residual strains in
a plate with a circular hole. Plate was made of type 304 stainless steel,
and was subjected to an 850-hr load history at 593°C (1100°F). [in. x
2$.k = mm]

lb) for l«)0 hr; then, to a load of -160,000 N for 150 hr; and finally to

a tensile load of 160,000 N for another I50 hr. The test was conducted

at 593°C (1100°F) and the measured strains shown in Fig. 12 were obtained

by the moire method after the plate was cooled to room temperature. Con-

sidering the very complex nature of the loading history and of the stress

and strain distributions during the 850-hr test, the agreement between

measured and predicted strains shown in Fig. 12 is very good.

Exemplary results for the shear-lag test specimen, which was tested

at 593°C (1100°F), are shown in Figs. 13 and XU. The specimen was ini-

tially subjected to a tensile load of 6U,985 N (14,610 lb) for 338 hrj

the load was then increased to 8o,lt61+ N (18,090 lb) for an additional 169

hr; a compressive load of 65,608 H (14,750 lb) was next imposed for 332

hr; finally, strain measurements were made at zero load for an additional

101 hr. In both Figs. 13 and Ik the strain shown was measured by a Boeing

capacitive strain gage at the center of the specimen as shown in the inset.

The predicted response upon loading shown in Fig. 13 agrees fairly well

with the measured response. However, upon unloading and reloading in the

negative direction, considerably more strain was predicted than was ac-

tually measured. In other words, the analysis predicted the structure to
ORNL-D*G 73-t23l

215

CIRCLED NUMBERS REFER TO TEST
CONDITION INDEX NUMBERS

O.2 0.4 0.6 0.8
TIME INDEPENDENT STROIN

Fig. 13. Comparison of measured and predicted time-independent
strain response in type 304 stainless steel shear-lag specimen tested
at 593° C (1100°F). Creep strains accumulated at constant loads between
points 3 and k, 5 and 6, and 7 and 8 have been subtracted out and are
shown in Fig. 14. [lb x 4.448 = N]

ORNL-0Ä0 75-1232

EXPERIMENTAL
PREOICTED

CIRCLED NUMBERS REFER TO TEST
CONDITION INDEX NUMBERS

400 600
TIME (hr)

Fig. Ik. Measured and predicted time-dependent strain response of
the shear-lag specimen (see Fig. 13).



be softer upon reversing the load than it actually was. The hardening

that was observed resulted from the period of creep between points 3 and

It, as depicted in Fig. ll+. It has been found repeatedly in structural

tests that periods of prior creep result in significant hardening of the

subsequent stress-strain behavior. Although the analysis procedures rec-

ommended in EDT Standard F9-5T and Eef. 3 include procedures for approxi-

mately accounting for prior creep hardening, it has been found that these

procedures need to be improved, and efforts are underway to develop better

representations. This is an example of the way in which the results from

structural tests can identify shortcomings in the inelastic analysis pro-

cedures and possibly lead to improvements in the procedures.

The final representative comparisons of predicted and experimental

results will be for two pipe thermal ratchetting tests, which are denoted

as TTT-1 and TTT-2. The nominal sodium temperature and pressure histories

for each test are depicted in Fig. 15. The first specimen was subjected

to 13 cycles, each with a duration of one week. The thermal downshock

8.44 in. 00 1 0.375
in. WALL

NORMAL SODIUM
CONDITIONS: HOO'F, INTERNAL

PRESSURE.« (Cl SPECIFIC TEST CONDITIONS
p PRESSURE NO.OF

/CF/scc) ' (psil 'MOLD""1 CYCLES

SPECIMEN TTT-1:

30 700 160 13

SPECIMEN TTT-2:
22.8 400 328 5
30 700 160 13
22.8 400 328 5

[»I IDEALIZED TEMPERATURE-PRESSURE HISTOGRAMS
FOR TYPICAL CYCLE

Fig. 15. Nominal test conditions for first and second pipe thermal
ratchetting tests (TTT-1 and TTT-2). [in. x 25.h = mm, (°F — 32) x
0.5556 = °C, psi x 6.895 x 103 = Pa]

rate was l6.7°c/sec (30°F/sec). The second specimen was subjected to 23

cycles, with the first five and the last five cycles being of two-week

durations and having relatively mild thermal downshocks of 12.7°c/sec

(22.8°F/sec). The intervening 13 cycles were the same as for the first

specimen.

The idealized ramp transient shown in Fig. 15 was not actually ob-

tained in the tests. The actual measured sodium thermal transients im-

posed on the pipe specimens were more prototyple and are shown in Fig.

16. These transients were measured at the center of the test sections,

and they were reproducible from cycle to cycle and test to test.

The predicted ratchetting behavior is typified in Fig. 17 for the

first specimen. The circumferential stress-strain paths on the outside

and inside surfaces are shown. The observed ratchetting behavior of the

specimen is shown in Fig. 18, where the measured circumferential strain

on the outer surface is compared with predictions (the heavy lines). The

experimental results are from two diametrically opposed capacitive strain

gages near the midlength of the specimen. The agreement between theory

and experiment is excellent in this case.

ORNL-DWG 75-1573

4-
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REPRESENTATIVE TRANSIENT
J N . >-/- F 0 R WITIAL AND FINAL PORTIONS _

OF SECOND TTTF TEST
I I | \ I \ (PRESSURE-400 psi)

6 8 10 12 14 16 18 20 22 24 26 28 30 32 34 40

Fig. 16. Measured sodium temperature vs time for tests TTT-1 and
TTT-2. [('F - 32) x 0.5556 = °C, psi x 6.895 x 103 = Pa]

An additional comparison for TTT-1 is shown in Fig. 19, where the

detailed measured and predicted strain responses during the first and

fourth thermal transients are plotted. Note that the predictions slightly

overestimate the ratchetting increment that occurs during the downshock

and underestimate the increment of growth during the subsequent reheat,
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Fig. 17. Predicted circumferential stress-strain paths at the out-
side and inside surfaces of pipe thermal ratchetting test TTT-1. The
lettered points correspond to the points labeled in the histograms of
Fig. 15. [psi x 6.895 x 10 3 = Pa]

Fig. 18. Comparison of measured and predicted circumferential ratch-
etting strains at the outside surface of pipe specimen TTT-1. Refer to
Fig. 15 for temperature and pressure histograms, [in. x 25.^ = mm, (°F —
32) x O.5556 = °C, psi x 6.895 * 10 3 = Pa]
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Fig. 19. Comparison of measured and predicted circumferential strains
for TTT-1 during the first and fourth thermal downshocks and the associ-
ated depressurizations and reheating periods.
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It should be remembered that, with the exception of the plate tested

at Catholic University, these comparisons were made under ideal conditions,

in that the materials data used in the inelastic analyses were obtained

from the same heat of material as the structural test specimens. The de-

signer generally does not have this situation. Questions of specimen-to-

specimen variations and heat-to-heat variations thus arise. These ques-

tions are briefly addressed in the following section.

Fig. 20. Comparison of measured and predicted circumferential ratch-
etting strains at the outside surface of pipe specimen TTT-2. Refer to
Fig. 15 for temperature and pressure histograms. The solid data points
shown are from three capacitive strain gages near the midlength of the
specimen as shown in the inset. The open data points are from a capaci-
tive gage location on the circumferential weld at the upstream end of the
test section (see Fig. 6a). [(°F - 32) x O.5556 = °C, psi N 6.895 * ̂  =
Pa]
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Fig. 21. Comparison of measured and predicted circumferential strains
for TTT-2 during the first thermal downshock and the associated depressur-
ization and reheating periods. The measured response is from gage 513 lo-
cated near the midlength of the specimen.

Comparative results for the second test (TTT-2) are shown in Figs.

20 and 21. Here the agreement between the measured results and predic-

tions is not nearly so good as in the case of the first test. The dis-

agreement may be due to the analysis, to specimen-to-specimen variation,

and/or to extraneous forces that could possibly have been imposed on the

specimen by the adjacent piping during the test. It is of interest that

upon switching from the severe cycles hack to the less severe cycles in

the second test, the net measured response seemed to be an incremental

decrease in strain. This behavior has also been observed in tests in

Japan when severe cycles that produced ratchetting were followed by less

severe cycles.8

In summary, the agreement between measured and predicted results is

generally reasonable for the representative examples presented in this

section. The basic inelastic trends were captured, but there were pro-

nounced quantitative discrepancies.
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Fig. 22. S t r e s s - s t r a in curves for 20 heats of type 30I* s t a in l e s s
s t e e l t e s t ed a t 25°C (room temperature) in the as-received condition,
[ps i / 6.895 x 103 = Fa]

h. EFFECTS OF MATERIAL VARIABILITY
(CONSER'/ATIVE CALCULATIONS?)

'Lhs ORKL Metals and Ceramics Division has examined some 20 different

heats of type 30^ s t a in less s t e e l . S t r e s s - s t r a in and creep t e s t s have

been performed at various temperatures. As an example, Fig. 22 shows the

range of .-.tress-strain curves measured at room temperature for the 20

hea t s . I t can be seen tha t the 0 .2A offset y i e ld strength var ies from

approximately 207 MPa to 303 MPa (30,000 to 1A,OOO p s i ) . At 593°C (1100°F),

the var ia t ion i s from about 103 MPa to 172 MPa (15,000 to 25,000 p s i ) ,

which represents a var ia t ion of about ±25$ about the mean.

Figure 23 shows a number of un iax ia l constant-load creep curves ob-

tained on several of the heats a t a temperature of 593°C (1100°F) and a

s t r e s s of 117 MPa (17,000 p s i ) . I t can be seen tha t a t any given time

the measured creep s t r a ins vary by almost a factor of four.

What effect can heat- to-heat var ia t ions have on design calculat ions?

To b r i e f l y examine t h i s question, a small s ens i t i v i t y study was conducted

in which the pipe thermal ra tche t t ing calculat ions for TTT-1 tha t were

shown in Fig. 18 were repeated with both the y ie ld s t ress and the creep



response varied, and the results are presented in Fig. 2k. These results

show, for example, that if the yield stress at all temperatures is lowered

by 20$, the predicted ratchetting strain at the end of 13 cycles is

increased by kofy (a conservative prediction), but the predicted creep-

fatigue damage factor is decreased by 5*$ (an unconservative prediction).
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Fig. 23. Creep curves for several specimens of type 30U stainless
steel at 593°C (1100°F) and 117 MPa (17,000 psi).

This example illustrates that when elevated-temperature elastic-plastic-

creep behavior and the attendant modes of failure are considered, the

traditional concept of a conservative calculation begins to lose its ob-

vious rationale and must be reevaluated.

0.30

(O.IO

0E <Ty —

,

. ' -

m
\
i

ss>

MV

SSSk

V

m

0.

8 i c

"~ l.Z (T,

— PREDICT! 0

• CAPACITIVE GAGE 513
• CAP4CITIVE GAGE 514
= CAPACITIVE GAGE 513
• CAPACITIVE GAGE 514

*——

RATCf€TTING DATA

PRESSURIZATION DATA

i

Vj
g

220
0.46

0.94

1.0

1.06

1.14

640 960 1280 1600 1920
ACCUMULATED HOLD TIME AT HOOT (Iw)

5. CONCLUSIONS

In summary, each of the comparisons indicates that the basic trends

and features of the inelastic response are predicted, and the absolute

agreement between theory and experiment is generally good. However, there

are obvious discrepancies, and Fig. 2k illustrates the significant dif-

ferences that can result from normal material variation. Thus, we might

again ask the questions, "Are inelastic analysis predictions valid, and

Fig. 2k. Comparison of measured and predicted circumferential ratch-
etting strains for pipe thermal ratchetting test TTT-1. The solid predic-
tion curve is based on the best available elastic-plastic and creep data
for the specimen material. The extremes of the shaded bands represent pre-
dictions based on increasing or decreasing the yield stresses and the creep
strain response as indicated. The relative creep-fatigue damage factors
shown to the right were calculated according to the inelastic analysis
rules of Code Case I552 (Ref. 9). This figure illustrates the range of
behavior that can result from normal heat-to-heat material variations.

J



what is an acceptable correlation between analytical and experimental data

that will qualify an analysis method for inelastic design calculations?"

Actually, we should ask whether or not the combination of the analy-

sis predictions and the associated design criteria lead to an acceptable

level of structural integrity. It is believed that in this context the

analysis predictions are generally valid, even though exact correlations

between predictions and actual behavior are not obtained and cannot be

expected. For example, the creep-fatigue damage calculations shown in

Fig. 2h show that if the yield stress is 20$ less than expected, the

creep-fatigue damage can be underpredicted by approximately 'jh'p. This

damage is essentially all creep damage, and the ASHE high-temperature code

case criteria for creep rupture include a factor of safety of at least 20

on life. Thus, at least in this case, the Code contains an adequate mar-

gin of safety to take care of the variation in material behavior.

In conclusion, the adequacy of inelastic analysis methods must be

examined by considering not only the analyses themselves but also the

associated design criteria as was done in the paragraph above. Final

judgment must be reserved for each specific design situation.

The objectives of inelastic design analyses* should be to (1) pre-

dict the basic characteristics, or the essential features, of inelastic

response in critical situations and/or critical regions, (2) provide n

consistent basis for evaluating critical areas throughout a high-tempera-

ture reactor project, and (3) when coupled with design criteria, provide

a satisfactory level of structural integrity. Standards for judging qual-

ification and validity must be established for each particular application

based upon these objectives.

7-
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9.

10.
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APPENDIX. INELASTIC MATERIAL PROPERTIES

USED IN ANALYSES

For the plasticity portion of the analyses, a modified, nonisother-

mal, kinematic-hardening procedure in which the size of the yield surface

was allowed to increase with accumulated plastic strain at each point in

the structure was used. Bilinear representations of cyclic stress-strain

curves were used as input data. The cyclic stress-strain curve used for

593°C (1100°F) is shown in Fig. A.I. For the ratchetting analyses, simi-

lar curves at 538, W32, and k2fc (1000, 900, 8003F) were also used. The

information from these cyclic curves that was actually used as input in

the analyses is depicted in Fig. A.2, where the bilinear yield stress is

shown as a function of accumulated plastic strain (summed without regard

to sign). The inset in Fig. A.2 illustrates how the yjelds were deter-

mined, and the numbered tick marks on the curves identify the yield points

for each reversal.

For the creep portion of the analyses, an equatlon-of-state approach

with a modified strain-hardening procedure was used. Rather than using a
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Fig. A.I. Cyclic stress-strain curve for annealed type 30U stainless
steel at 593°C (1100°F) — O.hdf total strain range. [1000 psi X 6.895 = MPa]

creep equation to describe the uniaxial, constant-stress creep response

of the material at 593°C (1100°F), the experimentally-determined creep

data were represented in tabular form as a matrix of creep strains for

discrete stress and time intervals. This matrix is given in the Appendix

of Ref. 5. The uniaxial curves described by the data matrix are shown in

Fig. A.3 for low stresses and short times.

HEAT 9TZ796. TYPE 304 STAINLESS STEEL
0.005/min STRAIN RATE
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Fig. A. . Bilinear yield stress vs accumulated plastic strain for
annealed type 30U stainless steel at 1*27, 1+82, 538, and 593°C (800, 900,
1000, and 1100°F). These data were obtained from bilinear representations
of the cyclic stress-strain curves shown in Fig. A.I and from similar
curves for the other temperatures, fksi x 6.895 = M F a> P s i x 6.895 x 10 3 = Pa]

CREEP DATA MATRIX FOR HEAT 9T2796 AT 11CCF

10 20 30 " 0 50 60 70 80
TIME ttul

Fig. A.3. Predicted creep response for annealed type 30I+ stainless
steel at low stresses and short times based on tabulated creep data ma-
trix, [ksi v 6.895 - MPa]'
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III-7 Structural Design Verifica-
tion 'Techniques

D. II. Elliott
R. E. Horner
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United States

SUMMARY

This paper describes a structural test program on full-scale Liquid

Metal Fast Breeder Reactor (LMFBR) piping components and nozzles. The

principal components of interest are elbows, straight pipe, tees, reducers,

and heat exchanger nozzles made from austenitic stainless steel with

operating temperatures above 800°F. The objective of the program is to

experimentally validate the analytical techniques and design criteria

being developed for these components.

Basic test facility features for the fuT!-scale piping component tests

are described with emphasis on 16-inch dimeter piping elbow and nozzle

tests. The elbow tests are performed with an internal environment of

sodium at 1100°F and loads can be applied externally to evaluate simula-

tive piping loads or internally by pressurizing up to 600 psi to study

multiaxial stress effects. Initial tests on nozzles .?re aimed at pro-

viding data on creep ratcheting using controlled inert gas flow to-

simulate worst case operational thermal transients in the piping system.

Strain and displacement measurements are of particular importance in

these tests, however, thermal control and instrumentation is also

challenging because of the temperature sensitivity of creep in the

region of 1100°F.

INTRODUCTION

To assure safe and reliable operation of an LMFBR, design criteria must

be established to define the margin of safety between operating conditions

and failure. . The designer must demonstrate that the structural analyses,

which are performed to confirm the existence of that margin, truly provide

a close approximation of real component behavior under typical complex

loading conditions. The increase in operating temperature from water

reactors to LMFBR has created the need for a proven structural design

technology that can be applied to components operating in the thermal

creep range where material behavior is time dependent. As a result, ASME

Code requirements were modified to cover time dependent material behavior

and a program was started by the United States Energy Research and Develop-

ment Administration (USERDA) to dsvelop the needed structural design

technology.

An elevated temperature structural design program was started at the

Westinghouse Advanced Reactors Division (IJ-ARD) in 1971 as an integral part

of the USERDA national nrogram to provide the technology required for

safe structural design of LMFBR. The primary objectives of the W_-ARD pro-

gram are: to experimentally validate the material representation and

analytical techniques necessary to assure design reliability, and provide

the designer with the design methods, criteria, and guidance necessary

to assure reactor vessel and piping integrity.

The experimental program includes tests on specimens ranging from simple

configurations and loading conditions, used to separate out the effects

of specific assumptions, to full-size components and prototypical conditions

used to validate the total analysis procedure. Test sections have

been made from plate, round bar, tubes and FFTF* piping elbows and nozzles.

Test data are used in conjunction with the data from complementary programs

throughout the country to investigate the validity of the ORNL proposed

constitutive relations; the implementation of the constitutive relations In

computer programs; the validity of analysis techniques used to predict

elevated temperature, time-dependent structural response; the applicability

of simplified methods of analysis; and the adequacy of current design

limits. In addition, these data are used in the further development of

sinplified and detailed methods of analysis, elevated temperature design

limits, LMFBR Standards, and LMFBR Guidelines and Procedures for structural

desien analysis.

The intsqration of the component test program with the other aspects of

structural .iesign development is shown in Figure 1; giving an overview of the

flow of information and interface with other experimental and analytical work

aimed at developing elevated temperature structural design methods.

The principal piping components of interest are: straight pipe, tees, reducers

and elbows. Both detailed and simplified (time and cost reducing)

structural analysis methods have been developed; however, the adequacy of these

methods can be assessed only by comparison with experimental results from

component tests. The major stresses and deformations experienced by an LMFBR

pipinq system are due to seismic and dead weight loads and thermal expansions.

The thermal forces are transmitted to the plant pressure vessels and

supporting structures connected to the piping. It is highly desirable to
*
Fast Flux Test Facility being constructed at the Hanford Engineering
Development Laboratory located in the state of Washington.
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keep these forces as small as possible or, equivalently, to accommodate

most of the straight pipe section expansion by a relatively flexible piping

layout. Typically, the expansion is accommodated by the piping elbows, which

for low pressure LMFBR systems, have a high degree of flexibility in compar-

ison with that of the straight components. The Multiloading Test Facility

(MLTF) described in this paper has been specially designed to perform

structural tests on this type of component with initial emphasis on full-

scale LMFBR piping elbows of 16-inch diameter.

Another important loading mechanism arises from thermal transients .

The most severe transients are associated with hypothetical plant

component malfunctions and the resultant thermal stresses in the piping

system are highest in the thick wall sections. During the design of the

Fast. Flux Test Facility (FFTF), thermal transient analysis of the piping

system concluded that the most critical component for this type of loading

was the inlet nozzls to the Intermediate Heat Exchanger (IHX). The

combination of occasional transients interspersed with hold periods in the

thermal creep range of the material can lead to an accumulation of strain

referred to as creep ratcheting in the ASME Code. A test facility is described

in this paper that was specifically designed to perform creep ratcheting tests

on FFTF/IHX nozzles.

An understanding of the basic material behavior at elevated temperature is

a fundamental requirement for predictive analyses of component behavior.

While this topic is discussed in detail in other papers presented at this

meeting, it is important to note that the component test programs described

in this paper are closely coordinated with the development of constitutive

relations to describe material behavior. Test component material must be

carefully characterized to provide a description of the material for use

during both pre-test and post-test comparative structural analyses.

MULTILOADING TEST FACILITY (MLTF)

The MLTF was designed for the structural testing of LMFBR piping components

at elevated temoerature with internal pressurization and external mechani-

cal loading. An overall view of the major facility features is shown in

Figure 2 with a 16-inch diameter elbow test section. Tests can be per-

formed on straiqht pipe, elbows, tees or reducers up to 28-inch diameter,

under a variety of loading conditions, to evaluate elastic, plastic, creep

and fatigue behavior. A modified system arrangement is presented in Figure 3 224

to show how a tee test section can be accommodated without any modifications

to the reaction frame structure.

Very small temperature variations can have a pronounced effect on the

creep rate of austenitic stainless steels at about 1100°F. Consequently,

several system heatinq design concepts were evaluated to provide excellent

temperature control with minimal compromise on test section accessibility for

loadinq and instrumentation. An internally heated fluid system was selected

because it is compatible with test section deflection under test. This type

of system also Dermits maximum external accessibility to the test section

for loading, pressurizing and instrumenting for measurement of strain,

temoerature, and displacement. Thermal analyses 'were performed to compare

three potential heat transfer fluids; helium, salt and sodium. The thermal

gradients calculated for the sodium case were much lower than those calculated

for salt or helium in a natural convection system. Forced convection systems

were considered and rejected because of potential problems with equipment

reliability and availability during 2000 hour creep tests. Combined with the

poor thermal properties, helium was rejected because a gas system with the

requirement to provide test pressures up to 600 psi would present a formidable

safety hazard if rupture occurred during testino. Sodium was selected over

salt because of the better thermal conductivity and much more extensive

experience at Westinghouse Advanced Reactors Division in both building and

operating sodium systems.

MLTF was designed to use pre-existing buildings. The test facility

consists of a reinforced concrete test cell (40 x 24 x 32 feet)

and adjacent control, electrical equipment and storage rooms. The test

cell contains a sodium supply system (4100 pounds sodium) and a test

section reaction frame capable of reacting mechanical loads placed on a test

section by up to 10 hydro-pneumatic 50,000-pound load actuators. High-pressure

qas storage tubes adjacent to the test cell provide a continuous high-pressure

cover gas supply for test article pressure control.

The control room adjacent to the test cell allows remote test operation

with direct visual surveillance. The reinforced concrete test cell pro-

vides the equivalent blast protection of 40 pounds of TNT. Test sections

can be pressurized to 600 psi with very accurate temperature controls up to

1200°F.



Auxiliary equipment at the facility provides:

•Secondary test area isolation and an inerting gas chamber within
the test cell for fire control.

•Linear and rotational displacement measurement.

*A hiqh temperature strain gage monitoring system.

'A 200 channel medium speed data acquisition system.

*A 120 Kw, 5 zone temperature control system.

The test conditions provided by MLTF are summarized in Table 1. The

objectives of the test program in MLTF are summarized below.

1. Investigate time-dependent strain and deformation response of

piping components under LMFBR loading conditions.

2. Investigate inelastic and creep buckling of piping components

under various combinations of loads.

3. Validate detailed and simplified methods for predicting
deformation and buckling of piping components.

The following tests have been identified for MLTF to provide information on

the basic behavior of LMFBR piping elbows, and to assess the adequacy of

the available analytical tools:

1. Short-time inelastic response under in-plane bending moment.

2. Short-time inelastic buckling under in-plane and out-of-plane

bending moments.

3. Creep under in-plane and out-of-plane bending moments.

4. Creep buckling under in-plane bending moment.

Test conditions and priorities for additional piping component tests are

being developed as experience is gained with the elbow test program.

CREEP RATCHETING TEST FACILITY (CRTF)

The primary objective ofthe test program in CRTF is to provide a proof

test of the FFTF/IHX inlet nozzle under worst case thermal transient
conditions experienced by the nozzle. A secondary objective is to

obtain and analyze experimental data to validate analytical techniques

for design of components in which creep ratcheting may produce strains

in excess of Code allowables.

The test facility consists of a reinforced concrete test cell, {40 X 25 X

25 ft), a concrete block control room, an equipment storage room, personnel

facilities, an electrical equipment room, cryogenic storage, cryogenic

high-Dressure Dumping and vaporization equipment, high-pressure gas storage

tubes and a once-through argon flow test loop. The gas flow rate and

pressures are controlled by several pneumatic valves during the test as the

gas storage pressure decays. The storage tubes can be recharged to full

pressure by the cryogenic vaporization and pumping equipment between tran-

sients. The concrete test cell, which will handle gases such as air, argon,

nitrogen, helium and hydrogen, affords approximately 90 pounds TNT equivalent

blast protection. The adjacent control room for remote test operation

provides for visual observation of the test section.

The gas supply system is capable of storing 300,000 standard cibic feet

of inert-gas at 2400 psig supplied from a cryogenic liquid storage system

that has a capacity of 2,600 gallons and a vaporization rate of 800 standard

cubic feet/min. to a pressure of 2,400 psig. The gas flow control system has

been designed to provide a transient capability of up to 4CF /sec. in a

16-inch nozzle.

Auxiliary equipment at the facility provides:

'High speed digital data acquisition

'Analog data acquisition

*100 kW, -5-zone temperature control system

'High temoerature strain monitoring system

Figure 4 jhows a schematic of the CRTF test section, which contains three

prototypic FFTF/IHX shell inlet nozzles and one axisymmetric outlet nozzle.

The 16-inch diameter test nozzles are all full-scale and were fabricated by

the same manufacturer as used for FFTF plant hardware. Preliminary analysis

of the FFTF/IHX inlet nozzle predicted over 3 oercent strain using a conserva-

tive Bree diagram technique. Subsequent elastic and inelastic analyses,

using the programs CHERN and MARC, indicate that the maximum strain would be

appropriately 0.3 percent and would occur just upstream of the knuckle of the

nozzle (thickest cross section plane). The diagram presented in Figure 5

shows two cross sections through the shell inlet nozzles which have been made

from forged 304 H stainless steel.

The nozzles are tested one at a time,and those nozzles not being tested are

protected from the thermal transients imposed on the test nozzle. The test

section is heated with electrical strip heaters to a hold temperature of
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1050°-1200°F (depending on specific test objectives) and held at that temper-

ature for 150 hours minimum. The thermal transient is produced by programming

a high flow rate of cold inert gas into the annulus between the nozzle and

the conical nozzle core shown in Figure a. An inert gas test fluid was chosen

over sodium to reduce the test facility cost and to facilitiate internal

surface strain measurement. No strain gages are available for reliable

measurements in high-temperature sodium for this type of test,and since the

internal surface is of primary interest during the test, this instrumentation

problem was an important factor in facility design.

To provide an adequate simulation of the plant thermal transient during testing,

the wall heat flux must be the same in the gas system as in the sodium

system; this is expressed by Equation 1.

WVW = M W (l)

where h - heat transfer coefficient,

T = temperature, and subscripts Na, G and W
refer to sodium, gas and inner wall. The gas heat
transfer coefficient may be calculated from:

hG = 0.023 ft 0.8 (Pr] 0.4 0.55 (2)

where k - thermal conductivity, De = equivalent
hydraulic diameter, w = gas flow rate, A = flow area,
vi = viscosity, Pr = Prandtl number

By combining Equations 1 and 2 and substituting in the known geometry values
and sodium transient conditions, one obtains the required gas flow rate as
a function of time and gas temperature.

0.6881-25
0.023K

0.25 ApPr-0.5
(T W-T G

The test facility design includes a programmable valve sequence to provide

controlled ramps in the gas flow rate and the flow area is controlled by

internal baffles. The annulus between the baffles and nozzle was sized by

analysis using a thermal fluid flow program, TAP-B, and a thermal stress

program, T-FEATS, both of which were developed with USERDA funding at

Westinghouse. Although an exact time-temperature distribution cannot

be simulated at all nozzle locations, the flow control system has been

designed to provide conservative proof test conditions at the critical

nozzle region. The final adjustment of the gas flow conditions will be

based on shakedown trials usinq one of the three shell nozzles extensively

instrumented to record through wall-thermal distribution.

A transient cycle is presented in Figure 6 for the proof test of the FFTF/IHX

design. The hold temperature between transients will be ̂ 1050°F and the

internal pressure will be ̂ 200 psi. The hold time between transients will

be determined after »valuation of uniaxial mechanical test results from

nozzle material. The creep rate at 1050°F will determine the length of time

required to allow substantial stress relaxation between transients. Current

information indicates that the hold time should be at least 150 hours. The

reference number of transients applied to the proof test nozzle is 20.

If shakedown occurs early in the test, a smaller number of transients may

be justified. The actual number of transients to be performed will be

based on strain data obtained during the testing.

It is anticipated that the ratcheting strain obtained in the FFTF proof test

will not be sufficiently large to quantitatively evaluate the analysis

techniques or design code limits. Consequently, more severe follow-on tests

are planned to meet the secondary objectives of this program. Larger

ratcheting strains can be obtained in the follow-on tests by increasing

test pressure, thermal transient gradient, and hold temperature between

transients. By increasing the test pressure the nozzle membrane stresses are

increased. Thermal stresses can be increased by maximizing the thermal

gradient. Increasing the hold temperature primarily increases the creep

rate and,therefore, the rate of stress relaxation between transients.

Specific test conditions for the foll.ow-on tests will be determined

following evaluation of the proof test results. Tentatively, the

thermal transient ramp rate will be similar to that used for the proof test

with an increase in pressure to 450 psi and an option to increase the hold

temperature to 1200°F. In addition, the cylindrical portion of the test

section can be renoved and the hemi-spherical heads welded together. This

would allow for tests with a further increase of pressure to 600 psi.
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As mentioned previously, the control rooms for MLTF and CRTF are adjacent to

the test cells and there are two reinforced concrete walls between the test

section and operating personnel. Direct observation of the test sections

are provided by double wall leaded glass ports. All measurements are made

remotely for temperature, strain, displacement and pressure. Most of the

actual measurements recorded during operation are used to control the test



system and ensure an accurate and safe test. Although these measurements

are of no direct value in characterizing component behavior, it is obvious

that stringent control is required on any large structural test at 1100°F

with test sections containing sodium and/or high pressure gas.

MLTF instrumentation and control is divided into two areas: Test Control

System (TCS) and Data Monitoring System (DMS) as shown in Figure 7. Critical

test parameters are controlled by the TCS and the three most important are

test section temperature, pressure, and force/displacement controls. Tempera-

ture control is provided by a five zone master/slave controller. Although

only three zones are required for elbow testing the five zone capability

has been provided for tee component testing. The master zone is at the most

critical region of the test section and is used to establish a control

point. The slave zone controllers then operate on the signal differential

between the master zone and slave zone temperatures. Initial results indicate

that a 16-inch diameter elbow can be maintained at 1100°F with a temperature

control tolerance of +_3°F. Pressure control is maintained by a two-stage

regulator up to a maximum of 600 psi with a control tolerance of +_ 1.1 psig.

The hydropneumatic actuators for controlling force or displacement applied

to the test section have built in load cells and linear potentiometers to

provide the control signal. In the case of a 16-inch elbow test for in-

plane bending conditions, three hydropneumatic actuators are used to control

load en the test section. Two of the actuators are connected to a loading

flange on the test section. The third actuator operates on a signal from

rotation of the loading flange to position the two loading actuators

perpendicular to the loading flange throughout the test. For more complex

test sections and loading conditions, up to ten actuators may be needed.

The DMS monitors all system parameters. Critical test data (temperatures,

pressures, strain, force, and displacement) are automatically recorded through

a 200 channel data acquisition system (DAS) to provide hard coDy and punched

paper tape in millivolt outputs. Auxilliary data used for system surveillance

is provided on various strip chart recorders and display meters for operator

monitoring of heater current, test stand strains, miscellaneous pressures, etc.

Test section temperatures are monitored with premium grade calibrated Type K

chrome!-alumel thermocouples (j^4.3°F accuracy) and platinum resistance

temoerature detectors (^1.5°F accuracy). Pressure transducers provide

signals proportional to system pressure for pick up by the DAS. Force

actuator data is recorded on strip chart recorders to give a continual load

history. The X-Y-Z positioner monitors test section translation while

rotary encoders monitor the rotational movement of the test section. Outputs nn-j

from these devices are recorded by the DAS. A specially developed ovalf-

zatlon fixture measures the radial displacement of the critical cross section.

Rotational .Variable Differential Transformers (RVDT) and Linear Variable

Differential Transformers (LVDT) define changes in the location of three

points relative to a suspended rigid frame and allow calculation of the cross

sectional changes in the test section resulting from application of forces.

Ailtech SG 425 resistance and Boeing capacitance strain gages provide high-

temperature strain monitoring capability. Strain signals are monitored by

strain conditioning equipment and are transferred to the DAS for recording.

The strain monitoring system for MLTF is diagrammatically presented in

Figure 8.

The CRTF instrumentation and control system has been designed, however,

no operational data have been recorded to date. Because of the transient

nature of the test,very high speed digital and continuous readout systems

have been selected. Overall strain measurements of the test nozzles will

be performed with an LVDT system and conventional metrology equipment.

Strain measurements at specific locations on the test nozzles will be

made with strain gages and a replication technique. The replication technique

provides only measurements of residual strain at room temperature, howeveri

these measurements can be realistically compared to both ASME Code strain

limits and analytical results. Replicas will be made to provide an image"of

target scribe marks at specific locations before testing. The distance

between the scribe marks on the replica will be measured very accurately using

optical techniques. After selected transients, the test article will be

cooled to ambient temperature and replicas of the same specific locations

will be made and measured to determine the residual strain that exists

between the target scribe marks. Current information indicates that measure-

ment resolutions of +_ 25 millionths of an inch could be achieved with minimal

development effort.

Strain gage measurement techniques at specific locations in the test nozzles

will be similar to those used for MLTF. Selected strain gage locations for

the initial nozzle tests are presented in Figure 9 showing rosette arrange-

ments for both capacitance and resistance type gages.

Temperature and pressure instrumentation and control techniques in CRTF will

be similar to those used in MLTF with some modifications to accommodate

fast thermal transients. Forty eight chrome!-alumel thermocouples will be



used to monitor the outer wall temperatures of the complete test vessel and

fifty-six thermocouples will be used to monitor the nozzle temperature gradients.

Most of the thermocouple outputs will be monitored by a digital high-speed

data acquisition system, however, at least six redundant temperatures will be

recorded on analog equipment to provide a visual display that can be more

easily monitored during the transient. Since platinum resistance temperature

detectors provide improved accuracy over thermocouples, at least five re-

dundant temperatures will be monitored as a back-up to the thermocouple

data. Five pressure transducers will be used to monitor the pressure

fluctuations during the nozzle transients and two of these output signals

will be displayed on analog equipment.
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MLTF OPERATING AND DESIGN PARAMETERS

Heat Transfer Media

Cover Gas Media

Test A r t i c l e Pressure Limits

Test A r t i c l e Temperature Limits

Mechanical Force Limit

Maximum Number of Loading Points

Maximum Heat-up Time

Maximum Motion of Test A r t i c l e

Gas Storage Capacity

Cryogenic Liquid Storage Capacity

Liquid Sodium CaDacity

System Sodium Flow Rate

Data Acquisi t ion System

Liquid Sodium

Argon

600 psig

1200°F

50,000 lb per load point

10

24 hours at 100°F per hour
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29,500 SCF Argon

2600 gallons

4131 lb
(900 gal)

Static

200 channel medium speed

INPUTS

IFROK OftUL
AND OTHERS)

MATERIAL

CONSTITUTIVE
RELATIONS

ANALYTICAL
METHODS

TEST PROGRAM

PLATE
CONFIGURATION

ROUND
NOTCHED BAR

CYLINDERS

PIPING
COMPONENTS

NOZZLES

—

—

VALIDATION

COMPUTER
PROGRAMS

CONSTITUTIVE
RELATIONS

SIMPLIFIED
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STRUCTURAL
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FIGURE 1
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1 - LOAD TRAIN (Torsional)
2 - LOAD TRAIN (Ax ia l )
3 - ADAPTER (Horizontal Run)
1 - ADAPTER (Ver t ica l Run)
5 - DUMP TANK
6 - ACCESS STAIRS
7 - REACTION FRAME (Torsional

Loads on Pipe, Reducers
and Nozzles)

- TEST SPECIMEN (Elbow)

FIGURE 2 OVERALL VIEW OF MULTILOADING TEST FACILITY
WITH ELBOW TEST SECTION
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FIGURE 3 OVERALL VIEW OF MULTILOADING TEST FACILITY
WITH TEE TEST SECTION
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0° - 180° CROSS SECTION

90° - 270° CROSS SECTION

CREEP RATCHETING TEST ARTICLE IHX INLET NOZZLE

FIGURE 4 FIGURE 5
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IHX NOZZLE LOAD (TEMPERATURE AND PRESSURE)
AT SECTION OF MAXIMUM STRESS

200PSIG 200 PSIG

OPSIG

TYPICAL CYCLE

1050°

TIME
(NOT TO SCALE!
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MONITORING
SUBSYSTEM

I DATA
N SYSTEM

DISPLACEMENT
MONITORING
SUBSYSTEM

Ni CHEMISTRY
MONITORING
SUBSYSTEM

OUTSIDE WALL

• INSIDE WALL

FUNCTIONAL BREAKDOWN, MLTF INSTRUMENTATION
AND CONTROL

FIGURE 6 FIGURE 7



10 CHANNELS
EXCITATION
PLUS OUTPUT

10 CHANNELS
GAGE TEMP.
THERMOCOUPLES

CAPACITANCE
STRAIN
GAGE

SIGNAL
CONDITIONING
10 CHANNELS

10 CHANNEL
THERMOCOUPLE

REFERENCE
JUNCTION

10
CHANNELS
OUTPUT

10
CHANNELS
GAGE TEMP

10 CHANNELS (TEMPERATURE DIFFERENTIAL) —
GAGE TO TEST PIECE

20 INPUT
CHANNELS
RESISTANCE
STRAIN GAGES

20 CHANNELS
RESISTANCE

STRAIN
GAGE

CONDITIONING

20
CHANNEL

200
CHANNEL
PRIMARY

D/R
SCANNER

PRIMARY
DAS

40 INPUT
CHANNELS
RESISTANCE
STRAIN GAGES

40 CHANNELS
OEOICATED

STRAIN GAGE
MANUAL SWITCH

AND BALANCE
NETWORK

MANUAL
BRIDGE BALANCE

STRAIN GAGE
READOUT

232

0 ° SECTION

SECTION

9 0 ° SECTION

RECTANGULAR ROSETTE

1 . CAPACITANCE GAGE ROSETTE ( X ) AT KNUCKLE, TWO INCHES ABOVE AND

TWO INCHES BELOW.

2 . RESISTANCE GAGE ROSETTE ( 0 ) AT KNUCKLE AND TWO INCHES BELOW.

3 . THREE GAGES PER RECTANGULAR ROSETTE

t . TWO RESISTANCE GAGE ROSETTES AT NOZZLE PIPE JUNCTION, ONE AT

0 ° AND ONE AT 9 0 °

FIGURE 8 MLTF STRAIN MONITORING SUBSYSTEM
FIGURE 9 STRAIN GAGE LOCATION IHX NOZZLE
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IV-1 U.S. Elevated Temperature
Structural Design Standards:
Current Status and Future
Directions

A. Snow United States

ABSTRACT

The technical content and scope of coverage of nuclear structural design
standards reflects their role in the procurement and licensing of nuclear
power plants. In the United States licensing of nuclear power plants re-
quires that the owner of the plant demonstrate that the health and safety
of the public 1s not and will not be endangered by the operation of the
plant. That demonstration is a matter of public record and is subject to
review and criticism, in an advisary hearing, by state and federal licen-
sing authorities and any member of the public. National concensus struc-
tural design standards have been one of the responses to this form of power
plant licensing since they effectively remove structural design rules from
the arena of conflict. The resulting national standards tend to be general-
ly applicable to all plant types and to relatively diverse operating con-
ditions and material types. Code Case 1592 which is the elevated tempera-
ture nuclear design criteria is an example of such a national standard.
Its development was the spontaneous outgrowth of the U.S. LMFBR program
which demanded the best possible assurance of integrity. Being written
within the framework of the ASME Boiler Code it was developed as a general
Standard, not just a special case for the FFTF or the CRBR Project. Now
that its contents are becoming known and accepted there is a desire to
apply them to other areas (core support structures, component supports,
containment vessels, and to non-radioactive systems). There also are
efforts being made to refine the definition of the interface between
low temperature rules and creep-temperature rules.

In this paper the development of Code Case 1592 is traced. The current
and future technical content of the elevated temperature design standards
for nuclear service are discussed. The relationship of Code Case 1592 to
other ASME Standards and to certain U.S. industrial, governmental and
regulatory standards is examined.

Role

National structural design standards for pressure vessels are a response to

state and federal requirements that pressure containing components must be safe.

In 1900, this country was experiencing an average of one catastrophic pressure

vessel failure a day with a fatality rate of nearly one death per day. The

public clearly was endangered by unsafe design (and fabrication and inspection)

practices. As a result, several states individually imposed design restrictions

in an attempt to protect the public. In 1911, the American Society of Mechanical

Engineers started development of a set of pressure vessel design rules which

would assure the safety of public, which could be adopted by all states, and which

would not unnecessarily restrict the design freedom of the manufacturers. The

result of those initial efforts was a design code which we know today as the ASME

Boiler and Pressure Vessel Code.

Licensing is the key in the approval chain for a new nuclear power plant. 233

Licensing requires that the need for the plant and the safety of the plant be

demonstrated. This typically involves interactions between the evaluators,

the energy suppliers, the energy users, and the critics (Figure 1). The safety

of the plant can be subdivided into a) the response under specified conditions

for which the plant is designed and b) the response of the plant under simultaneous

multiple abnormal conditions. The latter case could involve evaluating the effect

of a loss of all plant cooling combined with a loss of all plant protective system

action combined with a loss of all operator intervention. It is beyond the scope of

the ASME ßoiler Code. However, the first case, the specific conditions for which

the plant is designed, is the focus of the ASME rules. The normal and single ab-

normal events are the loading conditions which the ASME Code considers in its design

evaluation process. Thus, the adequacy of the ASME Code rules for nuclear components

is an important contributor to the safety of the proposed plant. Since the ASME

ßoiler Code is an important aspect of nuclear power plant licensing, its validity

would be a legitimate subject for criticism in the licensing process.

At the present time the structural Integrity of nuclear components 1s not a

viable Issue [1] for those loadings which have been evaluated using Section III of

the ASME Boiler Code [2, 3]. The rules for nuclear equipment have been extremely

effective in preventing catastrophic structural failures. The physicdl troubles

which have existed in the nuclear plants are due primarily to the occurrence of

unexpected loadings such as flow induced vibration of reactor or heat exchanger

internals, check valve slams, and unfortunate coolant chemistry control. Functional

troubles continue to occur, especially in valves, but the ASME Code generally

does not address function. Two recent comprehensive studies [4, 5] of reactor

safety have concluded that current plants (which all use ASME Code designed cempo-

nents) pose less of a threat to public welfare than do meteors. Technically

this success is due to the Code's conservatism, recognition of all relevent failure

modes, scope (covering materials, fabrication, inspection, testing, and in-service

inspection as well as design), and the truly remarkable advances in the area of

computer aided evaluation (finite element analysis).

United States regulatory authorities accept the ASME Code rules as an adequate

demonstration of structural integrity not only for their technical merit, but also

because the Boiler Code represents a national concensus among the technical community.

The Code rules are prepared in open meetings at which industry, regulatory, academic

and public representatives work together to reach mutually acceptable rules, which

are then made available to everyone for use. It may be significant that the inter-

NOTE: Work performed on U.S. AEC Contract No. E(ll-1)-3045, Task 6.



venors who shout so loudly to the press about nuclear safety do not choose to

participate in the Code making procedure where their views would be subjected to

comparison with established scientific principles by some of the most competent

people 1n the country.

The ASME Boiler Code will fulfill its role if it keeps the structural adequacy

of nuclear components from becoming an active licensing issue. That is, if it can

settle the disagreements based on the technical merits, not in an advisory confron-

tation.

Form

Section III of the ASME Boiler and Pressure Vessel Code contains the design

rules for nuclear structures. As shown in Figure 2, Section III provides seperate

rules for metal structures and for concrete structures. Today we are concerned

with the rules for metal structures.

There are, as shown here, separate rules for each of three quality classes plus

separate rules for metal containment structures, for component supports, and

for core support structures. The rules of Section III are phrased in as general

terms as possible. This avoids, in either a negative or positive sense, special

treatment of the products of one company. The Section III requirements apply

both to ehe pressurized water reactor as well as to the boiling water reactor.

The rules strive for generality rather than being writtin specifically for, let

us say, a particular design of heat exchangers. It would be much easier to write

and agree upon rules for a particular plant, but we feel it is to our eventual

advantage to phrase the rules more generally.

Section III generally provides rules wMch assure specific maximum limits

on damage when the design rules are satisfied. Figure 3 illustrates that the

design rules for what are termed Normal and Upset Events assure that negligible

damage to the structural integrity has occurred. The rules for Emergency Condi-

tions produce limited structural damage. The Faulted Condition rules allow the

threshold of structural failure to be approached. These several damage levels are

provided for the use of the Owner and Manufacturer to demonstrate the desired struc-

tural response to specific loads.

Section III established, in their rules for low temperature service, an

approach to design which has been continued at elevated temperatures (Figure 4).

The designer determines (or upper bounds) the response of his component to the

specified loads of service. The structural response is then evaluated using ASME

Code procedures and limits to determine whether the resulting structural damage is234

acceptably small. The general approach of determining the structural response is

called design by analysis. The evaluation procedure is failure mode oriented be-

cause a series of evaluations are performed where each stage of the evaluation

protects against a specific failure mode.

The design rules for low temperatures protect against tensile instability,

gross yielding, plastic ratcheting, fatigue, non-ductile rupture, and buckling

You are certainly acquainted with design rules for these failure modes. Must of

these rules are used at elevated temperatures too, because these failure modes are

still viable at elevated temperatures.

Code Case 1592

The elevated temperature structural design rules for Class 1 nuclear com-

ponents are contained in Code Case 1592. The use of the Code Case form (rather

than imbedding the rules in a Subsection of Section III) means that the ASME Code

feels that the rules are interim in nature and are not yet appropriate for perma-

nent adoption.

Code Case 1592 contains design rules (Figure 5) which are intended to protect

against structural failure by excessive creep deformation, stress-rupture, creep

enhanced ratcheting, creep-fatigue, and creep buckling as well as all of the low

temperature failure modes.

Load Controlled Quantities

In the Code Case several new terms are defined. Load controlled quantities
are defined as the sum of the primary stresses and those deflection controlled
stresses which have significant elastic follow-up.

To prevent gross creep deformation and stress-rupture (ignoring stress
concentrations) the membrane stress intensity (elastically calculated) is restricted
to (Figure 6):

2/3rds of the minimum stress to cause rupture in the loading

duration,

80% of the minimum stress to cause the onset of tertiary creep

in the loading duration, and

100% of the average stress to cause 1.0% (elastic + plastic + thermal

creep) strain in the loading duration.



This stress l imi t is denoted by the symbol, S^. When two or more temperature/load-
ing duration combinations exist, the l imit becomes (Figure 7):

1.0

where t . is the total time spent at the specific stress/temperature combination and
t.jm is the allowable time obtained by entering a plot of S. vs. t . at the membrane
stress and current temperature level to determine t . .

The elastically calculated membrane + linearized bending stress due to load
controlled quantities is limited to (Figure 8):

(PL

where K is the elastic-perfectly-plastic shape factor for the section being con-
sidered. The value, 0.5, is a judgement of the degree to which the actual surface
stress in combined membrane + bending wi l l be reduced by the effects of plasticity
and primary creep. The 0.5 value has been shown to be appropriate for solution
treated types 304 and 316 austenitic stainless steels by Dr. Corum of ORNL.
The 0.5 value may not be appropriate for some other materials.

These limits on the elastically calculated membrane and membrane + linearized
bending stresses due to load-controlled quantities are believed to be sufficient to
protect against stress-rupture, gross thermal creep, and onset of tertiary creep
(Figure 9). The thermal creep equations used to derive the thermal creep strains
for the St l imi t for 304 and 316 have a double exponential form and were derived
by Dr. Blackburn [6, 7].

The stress-rupture tables are believed to have been based on the evaluations
of Dr. Smith [8, 9], The "minimum" value used has been defined as the mean curve
minus 1.65 standard deviations.

The tertiary creep l imit is based on the work of Leydi and Rowe [10]. The
time to the onset of tertiary creep being a temperature dependent function multi-
plied by the time to rupture.

For the materials now in Code Case 1592 (types 304 and 316 austenitic stain-
less steel, 2-1/4 Cr - 1.0 Ho., and Alloy 800H) the St value is nearly always con-
trolled by the stress rupture term. For materials with non-classical thermal creep
curves the tertiary creep term is severely l imit ing. For this reason Alloy 800,

Grade 1, is not in the Code Case. However, the f i r s t departure from linear creep OQC
for such materials now appears to be the result of factors other than the onset
of failure. The Code 1s now reconsidering the tertiary creep l imi t . Eventually,
the designers may have to adopt creep equations with an accelerating rate term in
such cases.

Deformation Controlled Quantities

Thermal loadings with l i t t l e elastic follow-up and Imposed deformations
produce stresses which are termed deformation controlled quantities. These
loads are capable of producing ratcheting and fatigue failures but they are not
capable of producing stress rupture or gross distortion 1n a single application
(Figure 10).

Functional Deformation Limits

The ASME Code normally does not address function. But In elevated temperature
applications i t is possible to achieve distortions that make a component non-func-
tional without violating the structural integrity l imits. Distortion of a valve
seat, for example, may be well wifhin integrity limits but may cause loss of fjnetion
due to leaking. The Owner is required to identify appropriate deformation limits
to avoid impairment of function. The Manufacturer is also required to identify any
additional functional deformation limits that may be required. A design is func-
tionally acceptable i f the functional deformation l imits are not violated either
by:

1) presuming the existence of a 1% strain 1n a manner consistent with
the load, or service, or

2) upper bounding the inelastic strain in the component for the design
lifetime.

Structural Deformation Limits

The philosophy of the low temperature design code, Section III, is to assure

"shakedown" to elastic behavior so there is not a continual accumulation of Inelastic

strain during the design lifetime. At elevated temperatures where creep occurs, it

is generally impossible to avoid strain accumulation. However, it is necessary to

limit strain accumulation to avoid excessive structural distortion and fracture.

Inelastic strains can be accumulated by 1) a severe load that causes large inelastic

(plastic) strains, 2) creep response to maintained loads, or 3) a small increment

of plastic and/or creep strain on each of many load cycles. The primary stress

limits generally preclude accumulation by the first two mechanisms. However, the

third mechanism, called ratcheting, results from a combination of primary and secon-

dary stresses. The net strain rate due to the interaction of primary and secon-
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dary stresses is higher than the sura of the rates for each of the individual stross

categories. Ratcheting is the progressive inelastic deformation that can occur in

a component subjected to cyclic variations of mechanical or thermal secondary

stress in the presence of sustained primary stress. Ratcheting could occur, for

example, in a pressurized vessel subjected to repeated rapid temperature changes

initiated on one side of the vessel wall.

The prediction of incremental growth from cycle to cycle for typical compo-

nent geometries and realistic operating histories generally requires an inelastic

analysis. However, recognizing that inelastic analysis is expensive and time con-

suming, Code Case 1592 provides screening rules (tests) that are based on elastic

analysis results and that identify whether or not ratcheting is a problem to be

further evaluated. The elastic rules provide limits on the sum of the maximum value

of the primary stress intensity, (PL+Pt/Kt)max>
 ancl t*ie m a x i m u r n range of secondary

stress intensity, (QD)„,„, that are intended to avoid both plastic and creep ratchet-

ing. Another rule, applicable to a limited range of geometries, limits the accumu-

lated inelastic strains to 1% for base metal and 1/2% for weld metal. The inelastic

strains are bounded using an elastic analysis and an isochronous stress-strain

representation of the material behavior. Since these rules and procedures ignore

many of the complexities of the ratcheting phenomenon and the possible interactions

involved, they are necessarily very conservative. Nonetheless, they allow the

designer to quickly assess whether ratcheting is a problem and in many cases avoid

more extensive analysis.

One of the ratcheting screening rules is based on the observation that

shakedown can occur if just one end of the load cycle is at non-creep temperatures.

At that end of the cycle, a residual stress can be maintained. Thus, a non-zero

stress range can be accommodated without anywhere exceeding yield. In such cases,

shakedown can be achieved.

In many cases, 1-D inelastic analysis will be sufficient to determine the

accumulated inelastic strains. The PLACRAE [11] and CHERN [12] computer programs

can perform 1-D inelastic analyses very efficiently.

When the elastic screening rules cannot be met, it is necessary to perform a

detailed inelastic analysis. The calculated maximum accumulated positive principal

inelastic (plastic plus creep) strains must meet each of the three limits:

1) membrane (strain averaged through the thickness) <_ 1%

2) membrane + bending (surface strain, linearized distribution) <_ 2%

3) local (maximum strain anywhere) <_ 5%

Base metal properties are used for welds in the analysis, but the strain limits 2H'C

for welds are half of the above values. This has the effect of encouraging placement

welds in low strr-is regions. The imposition of strain limits In Code Case 1592 Is

a departure from previous r.ode philosophy which utilized only stress limits, and

provides an extra measure ot assurance against time-dependent modes of failure.

The strain limits are also being re-examined by the Code to determine if they

duplicate other limits or if they can be more directly linked to specific failure

modes.

Creep-Fatigue Limits

At low tanperatures a plot of plastic strain range vs. the number of cycles

to failure provides a basis for setting limits on the stress range to avoid failure

by fatigue. At elevated temperatures there is also damage due to creep or relaxa-

tion during portions of the load cycles that reduces the fatigue life. Code Case

1592 accounts for the interaction between creep and fatigue by a linear summa-

tion of cumulative creep and fatigue damage. Fatigue damage is accounted for using

Miner's cumulative damage criterion, and creep damage is accounted for on a time

fraction basis. The design limit is given by:

?«', j T j

where the cumulative damage l imit D Is 1.0 for alloy 800H and a function of the cycle
and time fraction sum for type 304 and 316 stainless steels; n is the number of
applied cycles at load condition, i ; N is the number of design allowable cycles at
load condition, i ; t is the time duration of load condition, j ; and T is the allowable
time, based on stress-to-rupture, for the stress at load condition, j .

Separate evaluation procedures are given for use with elastic and Inelastic
analysis. For inelastic analysis, fatigue damage is assessed using the peak (local)
strain range to determine the allowable number of cycles, N, from a fatigue curve
constructed in a manner similar to the low temperature curve but for elevated
temperatures. Strain rates are greater than 10 per second and no hold time effects
are included. The creep damage term t/T may be replaced by / (dt/T).

A number of techniques are used in the Code Case to assess and bound the
creep-fatigue damage using only an elastic analysis. The major features Include
use of 1) adjusted fatigue curve.! to account for creep damage due to peak stress
relaxation during hold-times and slow strain rates, 2) a special equation to deter-
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mine the maximum strain range in the presence of inelastic deformation for use with
the fatigue curve, 3) a procedure for evaluating creep damage due to primary and
secondary stresses, and 4) a cumulative damage l imit D of 1.0.

As for the structural deformation l imits, the design limits to be used with
an elastic analysis are very conservative but provide a relatively quick method for
a designer to determine whether additional inelastic analysis is required.

Buckling Limits

The low temperature buckling limits are provided in the form of charts for
allowable loads for spheres and cylinders under external pressure, and cylinders
under axial loads. Design limits are not provided for other geometries and loading
conditions, nor for conditions under which creep buckling can occur. Code Case 1592
provides minimum design factors for use with calculated buckling loads for any
geometry and loading condition-Where instabil i ty due to compressive loads or strains
may be a possible failure mode.

Two classes of design limits are provided, one for time-independent (instan-
taneous) buckling and one for time-dependent (creep) buckling. The time-dependent
l imit (Figure 11) is similar to the low temperature code except is applicable to
general geometries and loading conditions. A load factor of 3.0, for example,
means that the designer must assure that the calculated buckling load is more
than three times the specified load, taking into account the effects of in i t ia l
imperfections. The time-dependent l imit (Figure 12) requires a factor on the
load applied continuously through lifetime. That is , a load factor of 1.5 means
that the designer must assure that buckling wi l l not occur during the design
lifetime for a load 1.5 times the load applied continuously through l i f e ,
taking into account the effects of creep enhanced in i t ia l imperfections. For
a creep exponent of 5 in the power law for steady creep, this stress factor
corresponds to a l i f e factor of about 10. In essence, the time-independent
limits protect against instantaneous buckling at any point in l i f e , and the time-
dependent limits protect against long-term, creep buckling.

Another new feature of the buckling limits is that distinction is made between
load-controlled buckling characterized by continued application of the load during
buckling, and strain-controlled buckling where the load is relieved by buckling.
Strain limits for strain-controlled buckling are lower than load limits for lead-
controlled buckling because of the self-l imiting nature of deformation in the post-
buckled state and the relative insensitivity to in i t ia l imperfections. Time-depen-
dent limits are not required for strian-controlled buckling because strain-controlled

loads are reduced concurrently with resistance of the structure to buckling when OT]
creep is significant.

Use of Low Temperature Rules

I t has been recognized that calculations required to demonstrate satisfaction
of the creep-fatigue ratcheting, and buckling limits are d i f f i cu l t at elevated
temperatures. Further, i t is recognized that those effects we call time-dependent
are really stress-time- and temperature dependent. A procedure has been developed
by the ASME Code to test the specified time-temperature combination to determine
whether creep strain is significant or whether low temperature design procedures
would be relevent. The procedure uses two cri ter ia:

a) Is the thermal creep strain less than 0.2% for a stress level of
S and a time duration equal to the total time in the design l i fe
at creep temperatures?

b) Is the stress rupture damage less than 0.1 at a stress level of 1.2 S^ve

for a time period equal to the total time specified In the design l i f e
at creep temperatures.

In those cases where both criteria are satisfied, creep strain Is 1ns1gn1f1canb and
the low temperature rules of Section I I I may be used. The locus of time-temperature
points which satisfy both rules are shown in Figure 13. This option allows many
applications to use low temperature procedures even though metal temperatures exceed
Section I I I limits for moderate periods of time.

This concept for an upward extension of low temperature rules Is also being
considered by the Code for use with Class 2 and 3 components, and core support
structures.

Interaction with Other Code Requirements

Code Case 1592 provides rules for the design of elevated temperature Class 1
nuclear components (Figure 14). I t also modifies the material rules of Article
NB*̂ 2000 of Section I I I .

The rules for fabrication and examination are given by Articles NB-4000 and
NB-5000 as modified by Code Cases 1593 and 1594.

The rules for testing and protecting against overpressure are given by Code
Cases 1595 and 1596.

An elevated temperature component must have material, fabrication, examination,
testing, and overpressure protection rules that reflect the service requirements,
not just appropriate design rules.



Interaction with Other Standards

LHFBR standards have been developed to supplement existing industrial

standards where necessary. For example, Code Case 1592 provides rules for

the design of elevated temperature nuclear Class 1 components.

An LMFBR standard has been developed to supplement the design rules of

Code Case 1592 (Figure 15). It has been applied as a mandatory standard

for the Clinch River Breeder Reactor. It tightens a few design rules. Where

Code Case 1592 limits

(PL+Pb) ± KSt

the supplemental standard adds the requirement that:

( P L + ^ ) £ S t

The supplemental standard requires the preparation and systematic updating of a

Structural Evaluation Plan (SEP) to permit all parties to see what analysis (form,

type, extent) will be available at each decision point in the construction

sequence. Of special note is the fact that such a plan inevitably identifies the

manner and extent to which each analysis tool will be used and thus identifies the

required extent of verification and qualification.

The supplemental standard requires the use of average response properties

(stress-strain, thermal creep) in inelastic analyses being performed to demonstrate

freedom from ratcheting and where creep-fatigue damage is to be calculated. We

believe that a uniform approach to the selection of properties for inelastic

analysis is currently appropriate. When we know precisely how variations in all

response and failure properties are inter-related, better (and perhaps more

flexible) guidance can be provided.

An optical guide has also been developed (Figure 16) which contains infor-

mation designed to aid the structural analyst. A thorough discussion of the intent

and suggested content of a Structural Evaluation Plan is provided. The terms,

verification, and qualification are defined. The ways in which analysis methods

can be verified are discussed. Sources of qualification data are provided. A

typical verification/qualification plan is provided.

The general concepts and the specific mathematical representation suggested 238
for implementing time independent plasticity and time dependent thermal creep

are provided. These recommendations were provided by ORNL [See Reference 13].

The optional guide contains detailed guidance on how certain of

the Code Case rules can be satisfied. Code Case 1592 permits alternate rules to

be used for ratcheting and creep fatigue when the Owner adopts the rules in his

specification. The optional guide contains several important rules which, when

adopted by the Owner, become alternates to the Code C^se 1592 rules. The rules

allowing the use of low temperature evaluation methods when metal temperatures

and time durations are suitably limited, were implemented in the optional guide

before they were adopted by the Code.

Finally, appendicies in the optional guide provide a capsule sumnary

of the response characteristics of type 304 and 316 austenitic stainless steel

[Reference 13] at elevated temperatures.

Regulatory Guides

The U.S. Nuclear Regulatory Commission has issued guides which NRC will

use in evaluating compliance with their regulations. For example, Regulatory

Guide 1.87 [Reference 14] accepts Code Case 1592 as an adequate means for demon-

strating structural integrity of elevated temperature Class 1 components. A

limited number of items require further justification by the Owner for his appli-

cation. For example, the selection of response properties (maximum, average, or

minimum) for inelastic analysis and for buckling analysis should be justified on

a case basis. The net effect of the Regulatory Guide is most significant because

it pre-emptorally accepts Code Case 1592 as a valid method of demonstrating

structural integrity of high temperature components.

There are a number of other Regulatory Guides which apply to other aspects

of nuclear plants.

Practical Application of Code Case 1592

A typical LHFBR application will involve a design specification which specifies

the steady state pressure, some small pressure fluctuations, a couple of earthquakes,

and ten to twenty different thermal transient events. The pressure and earthquake

loads rapidly define the minimum allowable wall thickness. Ratcheting and creep-
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fatigue may prove to be difficult to handle since they often produce conflicting
thickness requirements.

The first step in evaluating the thermal transients usually is to run a
one-dimensional transient thermal analysis of a shell thickness that is perhaps
twice as thick as required to satisfy the Code Case's primary-stress limits.
Elastic analysis of the thermal responses can be evaluated using the maximum surface
stress and the bending stress from a linear through-the-wall stress distribution
which has the same net moment and force as the actual elastic distribution.

Figure 18 contains the elastic stresses from a one-d1mensional transient
thermal/elastic analysis for each of nine specified thermal transients. A one-
dimensional analysis simulates the response of most shell structures subjected to
internal thermal transients. These stress results allow the analyst to compare
the nature and severity of the several thermal transients on a relative elastic
basis. Here we see that we can seperate all nine transients into just three
groups. The severity of each group of transients is represented by the most severe
transient of the group. The oiber of occurrences of the grouped event is the total
of the number of occurrences t'i *.zh member of the group. With only three tran-
sients, it is feasible to perform 2-D transient thermal/elastic analyses of the
actual component for use in ratcheting and creep-fatigue evaluations.

If the design does satisfy the ratcheting or creep-fatigue limits of the
Code Case using elastically calculated stresses, then inelastic analysis will
not be needed. If the Code Case limits are not satisfied using elastically calcu-
lated stresses, then one-dimensional inelastic analysis is usually employed
(Figure 19). If a one-dimensional model is applicable, then 1-D inelastic analysis
is used. At least one of the 1-D programs [12] will perform more than one load
cycle. That is, if the user asks for seven load cycles, the program will perform
the specified load cycle seven times successively. One can afford inelastic
analysis of a large number of load cycles because these programs are so quick.
The program being discussed also has limited (post processor) capabilities for
evaluating the results in terms of the ASME Code rules.

If the design still does not satisfy the Code limits, redesign usually is
considered. Multidimensional inelastic analysis is so expensive that it has not
proved to be practical as a routine design tool. In many cases, the inability to
demonstrate that the design meets the ASME Code with elastic or 1-0 inelastic
analysis also means that the design poorly accommodates the loads of service.
Thus, redesign is appropriate.

Multidimensional inelastic analysis serves as a design tool primarily to OOQ
demonstrate a specific point which validates an elastic or simplified inelastic
approach. If inelastic analysis can be used to demonstrate that the structural
response predicted by less difficult analysis techniques is correct or conservative
for a key load, then the simplified methods can be used for the spectrum of loads.
At the present time this seems to be the appropriate design use for inelastic
analysis.
Summary

The elevated temperature structural design rules of the ASME Boiler and
Pressure Code for nuclear components have been openly derived, are well accepted,
and have been tested by application. We know that they can be used and that
Inelastic designs can meet their requirements. Tue service performance of the
FFTF and CRBRP systems will tell us whether the current rules are completely
adequate. We know of a number of areas where our rules can be improved. The
basis of the ASME Code rules has been placed in the open literature [15-20].
Unfortunately, the ASME Code has not considered the design criteria used by other
countries because they are not in the public domain. The Boiler Code members are
extremely interested in your rules, thoughts, and suggestions. Your direct or
indirect participation is invited.
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REOULATORY GUIDE 1.S7

GUIDANCE FOR CONSTRUCTION1 OF CLASS 1 COMPONENTS
IN ELEVATED-TEMPERATURE REACTORS

(SUPPLEMENT TO ASME SECTION III CODE CASES 1592.1593,1594,1595, AND 15961

A. INTRODUCTION

Section 50.55a. "Codes and Standard!," of 10 CFR
Part 50, "Licensing of Production and Utilization
Facilities," requires, in part, that structures, systems,
and components be designed, fabricated, erected, tested,
and inspected la quality standards commensurate with
the importance of the safety functions lo be performed.
General Design Criterion I, "Quality Standards and
Records," of Appendix A,1 "General Design Criteria for
Nuclear Power Plants," to 10 CFR Part 50 permits use
of recognized codes and standards, provided they are
identified and evaluated to determine applicability,
adequacy, and sufficiency and are supplemented or
modified as necessity tu ensure s quality product in
keeping with the required safety function. This guide
describes interim licensing guidelines to aid applicants in
implementing these requirements with respect to ASME
Class 1 components operating at elevated temperatures.
This guide applies to high-temperature gas-cooled
reactors (HTGRs). liquid-metal fast-breeder reactors
(LMFBRs), and gas-cooled fast-breeder reactors
(GCFBRs).

'As denned in SecUon III of the American Society of
Mcchuiicil Engineers Boiler and Presiuie Veuel Code (ASMI.
BAPV Code), construction is an all-inclusive term comprising
materials, design, fabrication, examination, testing, inspection,
and certification requurd in Ihe manufacture and installation
of components.

'Appendix A to 10 CKR Pin SO it directly applicable to
water-cooled nuclear power plants; however, ai indicated in
that appendix, Ihe Gcne/al Design Criteria are considered
applicable to other types of nuclear power units and are
intended to provide guidance in establishing principal criteria
for such other units

B. DISCUSSION

The rules for construction of nuclear components
given in Section 111 of the ASME Boiler and Pressure
Vessel Code, including Class 1 nuclear compom.;is
Uiat ate covered in Subsection NB of Section 111, apply
to component! at temperatures where creep effects are
insignificant. Material behavior considerations are
limited to cither clastic or elastic-plastic response, which,
in effect, provides protection against only time-
independenl failure modes such as ductile rupture, gross
distortion, and fatigue.

The service temperatures and load conditions for
HTGRi, LMFBRs. and GCFBRi are such that
time-dependent phenomena such as creep and relaxation
are important. Subsection NB of Section-Ill does not
provide adequate guidance for construction of
components subject to elevated-temperature service.
Therefore, as an interim step, the ASME has developed
five Code Cases (1592, 1593, 1594, 1595, and 1596) lo
provide guidance in this area. Code Cases 1593, 1594,
1595, and 1596 were approved on November 5,1973, as
interpieutions of the ASME Boiler and Pressure Vessel
Code. Code Case 1592 was approved on April 29,
1974.

These Code Cases cover design, fabrication and
installation, examination, testing, and protection'against
overpressure. They reflect both lime-independent and
time-dependent material properties and structural
behavior (elastic and inelastic) by considering the
following modes of failure:

1. Ductile rupture from short-term loadings;

2. Creep rupture from long-term loadings;
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I INTRODUCTION

Development of components and new reactor - concepts in

the LMFBR fluid including feasibility studies, optimization

and core development are done by the department "Fast Neutrons

Reactors" of the French Atomic Energy Commission at CADARACHE,

whereas the project calculation and construction aro done in

cooperation with industry.

The designer has to give particular attention to structures

of the primary circuit where parts have to operate for periods

up to 30 years without any possibility of repair and maintenance.

As the operation conditions differ seriously from those of other

of other reactor-types, normal code design pratlce often is not

relevant on insufficient.

II - REACTOR TYPES FOR HIGH POWER OUT PUT IX FRANCE

The french reactor line of" LMFBR1 s has favoured, after

construction of the loop-type experimental Rapsodie reactor of

'(0 MV thermal output, the pool type reactor. In fact, from

the designer's point of view, the pool type reactor offers the

advantage of low pressure differences in the main circuit and

an excellent attenuation of thermal gradients due to the mass

of sodium in circulation. This type provides the possibility

to hold structures supporting dead weights and pressure diffe-

rences at temperatures below the creep range by recirculation

of sodium at core inlet temperature. Components channeling

sodium at outlet temperature and suffering from high temperature

transients during a shut down for example, are almost free of

primary stresses leading to deformation by thermal rntchetting.

The Phenix reactor of 250 MV/e output designed

on this principle, 1'as been operated for more than one year

and the- construction of a 1200 MWe reactor should begin

shortly.



III - DESIGN CONDITIONS

First design is restricted to normal and incidental

operation conditions. It is well understand that safety ana-

lysis can require changes in design afterwards.

Differential pressure is exerted by the pumps to cir-

culate the sodium against pressure drop in the fuel elements.

The pressurizi?>1 tube leading from the pump to the core inlet

plenum is of short length and in the cold leg of the circuit.

The pressure drop in the IHX creates a difference in sodium

level between the sodium of the inner vessel and the main

vessel.

Dead weigths of structures and of the reactor core have

to be supported. A high probability sismic acceleration depending

on the reactor site has to be taken in account for incidental

design conditions.

From a thermal point of view the difference between room

temperature and normal operation temperature field has to be

taken in account. The main thermal transients are :

- the start up transient

- the normal shut-down

- tile scram

- the scram preceded by generator shut-down

IV - PROBLEM AREAS

For structures of the primary circuit held at approxi-

mately sodium inlet temperature or lower, the main problem

areas are the connection of the primary tank to the roof and

the torispherical head of this tank.

For the lower lid of the roof there exist two possible

arrangements! the thermal insulation is inside or outside the

argon cover gas volume. For larger diameter tanks and with the

availability of stainless steel insulation systems working in

cover gas saturated with sodium droplets and vapor the cold

lid seems to have advantages as far as the start up time is

concerned.

The iorisphorical head, designed easily to withstand

elastic buckling has to be calculated carefully against plastic

instability. Reinforcement of the torispherical knuckle provides

a good overall resistance of the head.

Structures suffering from high thermal transients are the

inner vessel and the stainless steel baffles designed to guide

the hot sodium . These structures work under conditions of

combined fatigue and creep.

V - DESIGN' TOOLS

Analytical methods are used as much as possible, but cri-

tical areas have to be analyzed by use of computer codes per-

mitting elastic, dynamic, plastic and creep analysis. To hold (.he

costs in computer time reasonably low, elastic analysis is preferred.

The large computer systems like NASTRAN,ASKA and MARC have

been used in some applications but normally the CEA/DEMT system

(presented elsewhere in this meeting) offering a large scale

of input facilities and a scope of pre-and post processors is

the most adapted system for this type of analysis.

VI - LIMITS ANT) SAFETY MARGINS

Circuits and safety margins used for the different types

of stress and strain are corresponding to those of the ASME

Code III and its Code Case 1592 rules. In the temperature area

below the creep level some additional rules are observed as for

as the plastic instability is concerned : not only a 1,5 margin

against the lower bound limit has to be maintained but the inte-

grity of the structure has to be proved for a triple load using true

stress-strain relations of the stainless steel at operating

temperature. In the high temperature range, there is felt that

the diagram giving bounds for deformations by thermal ratchetting

based on elastic design (upper bound limit defined by O'DONNEIL

POROWSKl) is not convenient for structures with very low primary

stresses, in consequence computation taking into account creep

and plasticity for some cycles is preferred to show definitive

shakedown or accumulation of strain.

The combination of creep and fatigue damage has to reviewed

but only tests of materials can ensure a better knowledge of

this field.
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